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Abstract: The aim of this work was to assess the influence of the parameters of the hot
isostatic pressing (HIP) process and the direction of printing of Ti-6Al-4V samples made
using the laser-engineered net shaping (LENS) method on strength properties. The tests
were carried out using a static testing machine and a digital image correlation system.
Samples before and after the HIP process were tested. The HIP process was carried out at a
temperature of 1150 ◦C, a heating time of 240 min and various pressure values of 500, 1000
and 1500 bar. Based on the comparative analysis of the test results, it has been shown that
the ability to adjust the parameters of the HIP process has a significant impact on the final
mechanical properties of the samples.

Keywords: titanium alloy; static tensile test; digital image correlation; 3D printing parameters

1. Introduction
Additive technologies, which have been developing very dynamically in recent years,

have their origins in rapid prototyping techniques. These technologies date back to the
1980s. Various types of rapid prototyping have been introduced since the Cold War for
the development of advanced military industry and space technology. Depending on
their purpose, they would be likely to be implemented; choosing of materials has become
a sensitive issue with a lot of challenges. Many improvements have been made since
then, but the idea itself is still based on the same assumptions. The early application of
these solutions was very closely linked to foundry engineering, and the main task was
to obtain a 3D model to assess manufacturability. Since then, the development of laser
technology, electronics, computer science and also material engineering has allowed the
creation of fully fledged products using 3D printing technology. Figure 1 shows such an
example. However, 3D printing technology itself has its drawbacks, in addition to its huge
advantages. Therefore, for some applications, especially those where the printed element
is to be used, additional finishing processing is necessary. One such technique, the task
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of which is to change the functional properties of the finished product, is heat pressure
processing [1–3].
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The isostatic pressing process is an advanced material processing method used in
industry to produce metal parts with high durability. This method involves compressing
the material in a chamber using the appropriate temperature and pressure [4,5].

Based on the appropriately selected temperature and pressure, the isostatic pressing
process is divided into a high-temperature process, using high temperatures in the range
of 1200–2200 ◦C and high isostatic pressure for processing [6,7], and a low-temperature
process, using high hydrostatic pressure and an ambient temperature.

Hot isostatic pressing (HIP) is a technology that, in general, improves the mechanical
properties of the processed material; however, this technique can also degrease mechanical
properties [7,8]. It should be remembered that the interaction of pressure and temperature
is very complex. The HIP process closes the porosity, but may also lead to grain growth,
which in most cases will negatively affect some mechanical properties. Many works
by previously un-published authors indicated the possibility of a decrease in the tensile
strength of the material after the HIP process, but at the same time, an increase in fatigue or
impact resistance was observed. This is why it is so important to correctly define the scope
that is required and what functional properties are crucial.

Its main advantage is the ability to remove internal porosity in castings, elements
printed using additive methods or obtained by metal injection. The hot isostatic pressing
process takes place in a special, tightly closed vessel, which is placed in an appropriate
furnace. The vessel with the sample inside is subjected to high temperature and high
isostatic pressure. The pressure is constant throughout the vessel and affects the material
from every direction. In a material that is subjected to elevated temperature and high
pressure, phenomena such as plastic deformation, creep and diffusion occur. Both factors
are kept constant, which allows the material to form evenly. High pressure affects changes
in the material’s phases and interphase reactions, while increased temperature allows it
to become flexible. Changes in the structure of the processed material are irreversible.
The HIP process also aims to reduce internal stresses to avoid micro-cracks that could
lead to serious damage to the material [4–6]. The isostatic pressing process is becoming
increasingly popular among engineers. Research is being carried out to determine changes
in the properties of samples subjected to heat treatment, such as isostatic pressing. The
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research methodology used differs in terms of the materials tested, the method of preparing
samples for testing and the parameters of the isostatic pressing process [7].

The process of isostatic pressing and shaping the geometry of surfaces by 3D printing
can also be used in biomedical engineering. Currently, medical implants are mainly
manufactured from titanium alloys, which have a favorable set of mechanical properties
(apart from insufficient resistance to abrasive wear), a high degree of biocompatibility and
positive bioactivity in relation to the surrounding cellular structures. Biomaterials of this
type are characterized by high specific strength and relatively low (favorable) stiffness,
and the favorable surface properties in terms of biotolerance are obtained thanks to a
naturally formed, compact oxide layer. The phenomena of biological integration at the
implant-plant–tissue interface, apart from medical factors, depends on so-called primary
stabilization. The best results in this respect are obtained by appropriately shaping the
implant in terms of geometry and surface topography in such a way that it is possible to
mechanically anchor the implant in the surrounding tissues. The quality and condition of
the implant’s surface layer has a direct impact on the ability to structurally and functionally
connect the “used” implant with living tissue [9,10].

The presented arguments encourage a deeper analysis of the problem of modification
in terms of the geometry and topography of the surface layer. This possibility is provided
by, among others, advanced additive techniques, which not only create new opportunities
for the surface modification of existing medical implants, but also enable the concurrent
shaping of geometry (adapted to the patient’s individual anatomical features) and structures
with increased biofunctionality for medical implants [11–14]. One of the more promising,
innovative manufacturing technologies in this respect is the laser-engineered net shaping
(LENS) method. This enables, unlike techniques from the selective laser melting (SLM)
and electron beam melting (EBM) groups, the implementation of hybrid manufacturing
processes, e.g., shaping the final geometry on a core with a simplified shape, or applying a
coating to functionalize the surface of a fully formed element with specific geometry.

LENS technology has many advantages compared to other 3D printing methods. The
basic one is the lack of restrictions in the powder feeding process. Some LENS models can
realize five-axis control. Additionally, the typical build volume is comparatively large and
can be 900 × 1500 × 900 mm (LENS 1500, 2018). However, the truly defining feature of
the LENS process is the ability to fabricate with multiple materials and create functionally
graded materials, owing to the multiple powder feed lines. Due to the high temperatures
generated in the printing process, it is possible to produce products from materials with
a high melting point. This method also makes it possible to produce complex porous
structures. The method also makes it possible to reprint used parts, as there is no need to
start printing on a flat platform. The LENS method also has disadvantages. Due to the
possibility of deposition of partially melted powder particles on the printing surface, a high
surface roughness is achieved. In the case of the Ti-6Al-4V material, increasing the surface
roughness reduces the fatigue strength [15]. The technology is used to produce parts in
industries such as medicine and aviation [16–18].

The authors undertook research on the Ti-6Al-4V alloy because, due to its properties,
it is more often used in the production of implants than pure Ti.

Many scientific works have been devoted to assessing the influence of hot isostatic
pressing on mechanical properties and microstructures [15–29]. In these papers the impact
of the hot isostatic pressing process on samples produced, for example, by the selective laser
melting (SLM) method [11] or powder metallurgy for orthopedic and dental applications
was evaluated. The results of tests on samples made using the SLM method revealed an
increase in the density of the tested material. The best results were obtained for samples
subjected to the HIP process at a temperature of 910 ◦C and a pressure of 130 MPa [9].

3
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Research conducted at the German University of Applied Sciences Aschaffenburg on
implants made of the titanium alloy Ti-6Al-4V provided interesting results. It turned out
that heat treatment in the form of hot isostatic pressing increased the tensile strength of
the tested samples by 15% and increased the plasticity of the samples by an impressive
53% [25]. An increase in the fatigue strength of samples printed after the HIP process was
also demonstrated [30].

The cited works did not assess the mechanical properties of samples produced using
the LENS method and did not check whether changing the direction of printing the samples
would also have a significant impact.

In additive technology using the LENS method, an important aspect is the possibility of
printing in two directions. This gives great possibilities as to the shape of printed elements.
However, the question arises whether the products will have the same strength regardless
of the printing direction. This issue is poorly analyzed in the literature reports compared
to, for example, various heat treatment methods [31,32]. According to these hesitations,
the authors decided to check whether the printing direction of Ti-6Al-4V samples affects
the change in mechanical properties. Do the mechanical properties of samples subjected
to the HIP process solely depend on the adopted pressure values (500, 1000, 1500 bar) or
also on the printing direction? Providing an answer to the above question will provide a
significant contribution to the better understanding of the factors influencing the change in
the properties of the Ti-6Al-4V alloy.

2. Materials and Methods
Within the study the used samples were made of the Ti-6Al-4V titanium alloy, whose

chemical composition is shown in Table 1, using the LENS method. The samples were
originally in the form of powder with a grain size ranging from 20 µm to 63 µm.

Table 1. Chemical composition of the used material.

Ti Al V Fe C N H Olimit Otypical

Grade 5 Bal. 5.5–6.75 3.5–4.5 ≤0.40 ≤0.08 ≤0.05 ≤0.015 ≤0.20 0.11

The choice of material was dictated by its medical applications. This alloy is biocom-
patible and the tested technique allows for the creation of spatial structures adapted to
specific individual needs. However, before it is possible to make ready-made correct prints
that can be implanted, the assumptions must be examined. Therefore, durability tests of
the prints were performed, the aim of which was to determine the directions of changes for
individual parameters.

The LENS method melted the powder and connected the material using a laser beam.
Ultimately, the samples took the form of paddles measuring 65 × 10 × 2 mm. The samples
were printed in two different orientations on the build plate: vertical (samples marked Y)
and horizontal (samples marked X). After the printing stage, the samples were annealed
at a temperature of 920 ◦C. This process lasted 4 h and was aimed at removing impurities
such as inert gases (Ar) and inclusions, and removing internal stresses. After annealing, the
samples were rinsed twice in an ultrasonic bath using waves with a frequency of 37 kHz
and then dried. Both the rinsing and washing processes took 60 min. The final stage
was the mechanical grinding and polishing of each sample surface. In the next stage, the
samples were divided into two groups. One group of samples was subjected to hot isostatic
pressing, while in the second group, this step was omitted (X1 ÷ X6, Y1 ÷ Y6). The samples
subjected to the HIP process were further divided into three groups. Each group differed
in the set pressure that prevailed in the chamber during heat treatment. Table 1 contains
detailed parameters of the HIP process for individual groups.
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The hot isostatic pressing process took place in a special chamber located in an ap-
propriate furnace (Figure 1). The vessel with the sample inside was subjected to a high
temperature and high isostatic pressure (Table 2). The pressure in the entire chamber was
constant and affected the material in the same way from every direction.

Table 2. Parameters of the hot isostatic pressing process.

Sample Number Temperature [◦C] Pressure [Bar] Time [min]

X1.1 ÷ X1.4

1150

500

240

Y1.1 ÷ Y1.3

X2.1 ÷ X2.4
1000Y2.1 ÷ Y2.4

X3.1 ÷ X3.2
1500Y3.1 ÷ Y3.3

Figures 2–4 show the course of the entire HIP process for the three groups of tested samples.
The evaluation of the microstructure in the unetched and etched state of the samples

after printing and after the HIP process is presented in Figures 5–12. The analysis was
performed using a Keyence (Osaka, Japan) VHX 7000 series optical microscope. The studies
were carried out in a bright field and the sample preparation technique was standard, using
diamond pastes. In order to reveal the microstructure of the material, the samples were
etched with titan 2 reagent (HNO3 2 mL, HF—3 mL, H2O—96 mL).
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Figure 3. Process curves for the samples (X2.1 ÷ X2.4, Y2.1 ÷ Y2.4): (a) pressure changes over time,
(b) temperature changes over time.
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Prior to the HIP process, the samples exhibited the presence of monstrosity, most
notably in the central region. These pores ranged in size from approximately 15 to 100 µm.
They are the effects of the manufacturing process and the high reactivity of titanium. Their
number decreases significantly towards the edge of the samples, which should probably be
related to faster heat dissipation in these zones. Sample Y displays porosities with markedly
more irregular shapes, particularly in the central region of the sample. The morphology
and characteristics of these porosities suggest that they result from incomplete welding or
gas entrapment at the grain boundaries.

As can be observed after the HIP process, basically all pores were closed. This is due to
the long-term effect of temperature and pressure in the volume of the device chamber. This
is thanks to the use of Pascal’s law, i.e., an even distribution of the pressure force on each
fragment. Such parameters facilitate the occurrence of diffusion, which in consequence
leads to the closure of porosity. What is also interesting is that the high reactivity of the
tested alloy, combined with the significant energy supplied in the HIP process, allows for
the initial disclosure of the microstructure, which will be confirmed in the photos of the
etched samples presented in Figures 9–12.

The Ti-6Al-4V alloy is a two-phase alloy with a structure (α + β), used, among others,
for orthopedic implants and bone fixation elements. As can be seen in the state after
printing, samples X and Y, the material is characterized by a typical bi-modal microstructure
(duplex), consisting of α grains in a lamellar matrix (α + β). An important feature is the
clear ordering of the separation in accordance with the directions of layer deposition. Very
uniform grain sizes are also visible in both the central and edge parts. After the HIP process,
with the increase in temperature and pressure (processing parameters), the average grain
size and the volume fraction of the phase mixture (α + β) increase. The randomness of
grain orientation in space also increases, which causes a change in the form of an observed
decrease in strength properties.

As can be observed on the surface of the sample, not only are there no porosities in
the material visible, but also grain boundaries are visible (even though the sample was not
etched) with characteristic visible arrangements in the printing direction.

Strength tests were carried out for both categories of samples (after and without the
HIP process). The strength of the samples was assessed by performing a static tensile test
at a speed of 5 mm/min using the MTS Criterion Model 43 testing machine (MTS Systems,
Eden Prairie, MN, USA) and the Dantec Q400 digital image correlation system (Dantec
Dynamics, Ulm, Germany) (Figure 13). A 30 kN force sensor was used for the tests.
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The digital image correlation system is an optical measurement method for determin-
ing the distribution of object displacements and determining the 3D deformation field.
This is a fully non-contact method in which the contour measurement, displacement and
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deformation of the material are determined during the measurements (using a testing
machine). To guarantee the accuracy of the measurements, the system was calibrated using
a dedicated calibration plate with characteristic points reflecting the axes of the coordinate
system. The digital image correlation system requires appropriate preparation of samples
for testing. The surface is covered with matte white paint. The matte tint was intended to
prevent light reflections that could distort the recorded image during testing (Figure 14).
After the white layer dried, additional black paint in the form of powder was applied to
the samples, creating dots on their surface.
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Figure 14. Example of a test sample: (a) before painting, (b) after painting.

The sample was then mounted in special holders of the testing machine, ensuring the
stable and axial positioning of the sample during the static tensile test. The sample was
then deformed in the direction of the longitudinal axis under quasi-static conditions at a
speed of 5 mm/min. The results were recorded by a digital image correlation system at a
frequency of 10 Hz. The test was carried out until the sample’s failure.

3. Results and Discussion
The values obtained during the tests, such as the maximum force and stress at break,

were read from a testing machine, while the strain value in two mutually perpendicular
directions were calculated based on Young’s modulus obtained in the digital image corre-
lation system. Poisson’s ratio was calculated based on the determined strain values. The
obtained results were compared between groups of appropriately marked samples, and
attention was paid to the division of samples subjected to the hot isostatic pressing process
and samples that were not subjected to this process.

3.1. Results for Samples Not Subjected to the HIP Process

The test results obtained for samples not subjected to the HIP process are presented in
Table 3. Figure 15 shows the stress–strain curves for the tested samples.

Analyzing the influence of printing direction on the average values of maximum
ultimate tensile stress, a higher result was observed when the print was placed horizontally,
of 939.7 ± 17.89 MPa compared to 927.5 ± 4.71 MPa vertically. The average maximum
force at break was higher for horizontal samples compared to vertical ones, and reached
18.79 ± 0.36 kN and 18.55 ± 0.09 kN, respectively. The difference in the obtained values
is small and amounts to only 0.24 MPa. The obtained difference is smaller than the error
bar value for samples X, which was 0.36 MPa. The average values of Young’s moduli
were 115.4 ± 2.7 GPa for samples Y and 115.2 ± 1.6 GPa for samples X, respectively. The
difference in the obtained values is very small and amounted to only 0.2 MPa. The Young’s
modulus determined in the work did not show such changes depending on the direction
of printing that were observed by other scientists. They obtained values of 118 GPa and
109 GPa for two printing directions [22]. The obtained strain values at break were the
same and amounted to 0.28 mm/mm. The only difference observed was the value of the
determined Poisson’s number for samples X = 0.34 ± 0.05 and for samples Y = 0.37 ± 0.09.
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Table 3. Test results for samples without the HIP process.

Sample
Number

Peak Load
[kN]

Ultimate
Tensile Stress

[MPa]

Young’s
Modulus

[GPa]

Strain at
Break

[mm/mm]

Poisson’s
Ratio

X1 18.94 946.93 - 0.027 -

X2 19 950.36 116.6 0.027 0.3

X3 18.9 945.26 114.3 0.025 0.4

X4 18.87 943.47 114 0.029 0.4

X5 18.97 948.64 113.9 0.031 0.3

X6 18.07 903.51 117.3 0.027 0.3

Average X 18.79 ± 0.36 939.70 ± 17.89 115.2 ± 1.6 0.028 ± 0.02 0.34 ± 0.05

Y1 18.52 925.75 113.8 0.024 0.3

Y2 18.58 928.81 113.2 0.027 0.4

Y3 18.63 931.34 114.3 0.030 0.5

Y4 18.56 928.11 113.8 0.032 0.3

Y5 18.64 932.13 117.6 0.027 0.3

Y6 18.383 919.16 119.9 0.03 0.4

Average Y 18.55 ± 0.09 927.55 ± 4.71 115.4 ± 2.7 0.028 ± 0.03 0.37 ± 0.09

Materials 2025, 18, x FOR PEER REVIEW 14 of 22 
 

 

Y4 18.56 928.11 113.8 0.032 0.3 
Y5 18.64 932.13 117.6 0.027 0.3 
Y6 18.383 919.16 119.9 0.03 0.4 

Average Y 18.55 ± 0.09 927.55 ± 4.71 115.4 ± 2.7 0.028 ± 0.03 0.37 ±0.09 

 

Figure 15. Typical stress–strain curves for samples before HIP. 

Analyzing the influence of printing direction on the average values of maximum ul-
timate tensile stress, a higher result was observed when the print was placed horizontally, 
of 939.7 ± 17.89 MPa compared to 927.5 ± 4.71 MPa vertically. The average maximum force 
at break was higher for horizontal samples compared to vertical ones, and reached 18.79 
± 0.36 kN and 18.55 ± 0.09 kN, respectively. The difference in the obtained values is small 
and amounts to only 0.24 MPa. The obtained difference is smaller than the error bar value 
for samples X, which was 0.36 MPa. The average values of Young’s moduli were 115.4 ± 
2.7 GPa for samples Y and 115.2 ± 1.6 GPa for samples X, respectively. The difference in 
the obtained values is very small and amounted to only 0.2 MPa. The Young’s modulus 
determined in the work did not show such changes depending on the direction of printing 
that were observed by other scientists. They obtained values of 118 GPa and 109 GPa for 
two printing directions [22]. The obtained strain values at break were the same and 
amounted to 0.28 mm/mm. The only difference observed was the value of the determined 
Poisson’s number for samples X = 0.34 ± 0.05 and for samples Y = 0.37 ± 0.09. 

Analyzing the obtained values, no significant differences were observed between the 
determined parameters for horizontally printed samples compared to vertically printed 
samples. It can, therefore, be concluded that the direction of the bend does not have a 
significant impact on the change in the strength parameters of the prepared samples. 

3.2. Results for Samples After the HIP Process 

The test results obtained for samples subjected to the HIP process are presented in 
Tables 4 and 5. Figure 16 shows the stress–strain curves for the tested samples. 

Table 4. Test results for samples after the HIP process. 

Sample Number Peak Load [kN] 
Ultimate 

Tensile Stress 
[MPa] 

Young’s Modulus 
[GPa] 

Strain at Break 
[mm/mm] 

Poisson’s Ra-
tio 

X1.1 10.43 501.04 113.58 0.07 0.35 

0.0

0.1

0.2

0.3

0.4

0.5

0.6

0.7

0.8

0.9

1.0

0.0% 0.5% 1.0% 1.5% 2.0% 2.5%

St
re

ss
 [G

Pa
]

Strain [%]

 X before HIP

Y before HIP

Figure 15. Typical stress–strain curves for samples before HIP.

Analyzing the obtained values, no significant differences were observed between the
determined parameters for horizontally printed samples compared to vertically printed
samples. It can, therefore, be concluded that the direction of the bend does not have a
significant impact on the change in the strength parameters of the prepared samples.

3.2. Results for Samples After the HIP Process

The test results obtained for samples subjected to the HIP process are presented in
Tables 4 and 5. Figure 16 shows the stress–strain curves for the tested samples.
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Table 4. Test results for samples after the HIP process.

Sample Number Peak Load
[kN]

Ultimate
Tensile Stress [MPa]

Young’s Modulus
[GPa]

Strain at Break
[mm/mm]

Poisson’s
Ratio

X1.1 10.43 501.04 113.58 0.07 0.35

X1.2 15.78 765.04 110.5 0.1 0.31

X1.3 13.91 669.74 120.03 0.05 0.30

X1.4 12.79 622.12 113.17 0.04 0.25

Average (X1.1–X1.4) 13.23 ± 2.24 639.48 ± 109.77 114.32 ± 4.04 0.07 ± 0.03 0.32 ± 0.03

X2.1 15.93 776.87 119.35 0.06 0.33

X2.2 17.57 831.51 117.24 0.06 0.41

X2.3 17.36 831.15 117.53 0.06 0.32

X2.4 17.42 837.29 122.14 0.06 0.28

Average (X2.1–X2.4) 17.07 ± 0.77 819.21 ± 28.36 119.07 ± 2.25 0.06 ± 0 0.34 ± 0.05

X3.1 18.187 887.94 113.88 0.07 0.37

X3.2 19.156 916.12 117.01 0.08 0.42

Average (X3.1–X3.2) 18.67 ± 0.69 902.03 ± 19.93 115.45 ± 2.21 0.08 ± 0.01 0.4 ± 0.04

Average X 16.32 ± 2.80 786.91 ± 134.22 116.28 ± 2.48 0.07 ± 0.01 0.35 ± 0.04

Y1.1 14.48 695.98 126 0.06 0.29

Y1.2 13.39 651.91 102.9 0.06 0.36

Y1.3 15.19 727.97 113.67 0.06 0.42

Average (Y1.1–Y1.3) 14.35 ± 0.91 691.95 ± 38.19 114.19 ± 11.56 0.06 0.36 ± 0.07

Y2.1 18.02 866.15 115.97 0.07 0.32

Y2.2 18.2 868.53 121.99 0.08 0.34

Y2.3 17.94 860.62 111.12 0.07 0.33

Y2.4 18.98 898.72 112.52 0.1 0.34

Average (Y2.1–Y2.4) 18.28 ± 0.47 873.50 ± 17.13 115.4 ± 4.84 0.08 ± 0.01 0.33 ± 0.01

Y3.1 18.53 897.71 131.34 0.07 0.43

Y3.2 18.66 896.56 105.84 0.07 0.29

Y3.3 18.37 890.67 108.5 0.07 0.28

Average (Y3.1–Y3.3) 18.52 ± 0.14 894.98 ± 3.78 115.23 ± 14.02 0.07 0.33 ± 0.08

Average Y 17.05 ± 2.34 820.14 ± 111.54 114.94 ± 0.66 0.07 ± 0.01 0.34 ± 0.01

Table 5. Average test results for samples after the HIP process.

Samples
After the HIP Process

Rp0.2
[MPa]

Rp
[MPa]

(X1.1–X1.4) 123.68 ± 0.91 119.33 ± 3.1
(X2.1–X2.4) 122.76 ±1.57 120.65 ± 5.44
(X3.1–X3.2) 123.53 ± 1.8 122.31 ± 0.2
Average X 123.32 ± 0.49 120.76 ± 1.49
(Y1.1–Y1.3) 123.71 ± 0.49 122.82 ± 1.49
(Y2.1–Y2.4) - -
(Y3.1–Y3.3) 122.79 ± 0.35 121.45 ± 1.32
Average Y 123.25 ± 0.65 122.14 ± 0.9
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Figure 16. Typical stress–strain curves for samples after HIP.

Analyzing the obtained test results for samples printed horizontally after the HIP
process, the highest value of peak load was observed for samples subjected to a pressure
of 1500 bar (X3.1–X3.2), which amounted to 18.67 ± 0.69 kN. The smallest one was for
samples subjected to a pressure of 500 bar (X1.1–X1.4), which was 13.23 ± 2.24 kN. The
highest ultimate tensile stress value of 902.03 ± 19.93 MPa was recorded for samples from
the group (X3.1–X3.2), the lowest was 639.48 ± 109.77 MPa and for samples (X1.1–X1.4)
subjected to a pressure of 500 bar. In the case of Young’s modulus, the highest value was
obtained for samples subjected to a pressure of 1000 bar (X2.1–X2.4)—119.07 ± 2.25 GPa,
and the lowest for samples (X1.1–X1.4)—114.32 ± 4, 04 GPa. Analyzing the obtained test
results for horizontally printed samples after the HIP process, the highest value of peak
load was observed for samples subjected to a pressure of 1500 bar (Y3.1–Y3.3), which
amounted to 18.52 ± 0.14 kN. The smallest one was for samples subjected to a pressure of
500 bar (Y1.1–Y1.3), which was 14.35 ± 0.91 kN. The highest value of ultimate tensile stress,
894.98 ± 3.78 MPa, was recorded for samples from the group (Y3.1–Y3.3) and the lowest
was 691.95 ± 38.19 MPa for samples (Y1.1–Y1.3), subjected to a pressure of 500 bar. The
obtained values are smaller than those presented in publication [9]. The authors obtained
results in the range between 1226 MPa and 955 MPa. The authors of the work used one
different sample printing method (SLM). The method of sample preparation and, more
precisely, their structure, is important in the final effect of using HIP, which has already
been demonstrated [31]. In the case of Young’s modulus, the highest value was obtained
for samples subjected to a pressure of 1000 bar (Y2.1–Y2.4)—115.4 ± 4.84 GPa, and the
lowest was for samples (Y1.1–Y1.3)—114.19 ± 11, 56 GPa. The obtained values are much
higher than in the case of titanium lattice structures subjected to the HIP process [25].

Analyzing the obtained test results after the HIP process, vertically printed samples
were characterized by a higher average value of the plasticity pot Rp, which amounted
to 122.14 ± 0.9 MPa, than horizontally printed samples, for which this value was
120.76 ± 1.49 MPa.

Analyzing the maximum peak between the group of samples not subjected to the
HIP process (first group) (Table 3) and the group of samples subjected to the HIP process
(second group) (Table 4), its decrease was noticed for samples after the HIP process. For
samples from the first group printed horizontally, X, the average maximum peak load was
18.79 kN, and when samples were printed vertically, Y, its average value was 18.55 kN.
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For samples from the second group, the average value of the maximum peak load for
samples X was 16.32 kN. The highest value was obtained for samples subjected to the HIP
process at a pressure of 1500 bar, 18.67 kN, while the lowest value was 13.23 kN for samples
subjected to the HIP process at a pressure of 500 bar. For Y samples from the second
group, the average maximum peak load is 17.05 kN. The highest value was observed in
the samples heat-treated at a pressure of 1500 bar, measuring 18.52 kN, whereas the lowest
value, 14.35 kN, was recorded in the samples subjected to the HIP process at a pressure
of 500 bar.

Based on the above data, it can be seen that the hot isostatic pressing process resulted
in an increase in the Young’s modulus value in several cases, which suggests an increase in
the stiffness of the material. The highest increase in Young’s modulus of 3.8% was recorded
for samples printed in the Y direction and subjected to the HIP process at a pressure of
500 bar. The greatest decrease was observed for samples printed in the Y direction subjected
to the HIP process at a pressure of 1500 bar.

The isostatic pressing process worked best at a pressure of 1000 bar for samples printed
in the X direction, and at a pressure of 500 bar for samples printed in the Y direction.

In the case of samples printed in the X direction, the highest Young’s modulus values
of samples after the HIP process were recorded when the process pressure was equal to
1000 bar. The remaining samples from this group were insignificantly affected by the HIP
process in the context of Young’s modulus.

The obtained test results showed that the hot isostatic pressing process has a significant
impact on the deformation value. In each case tested, the deformation decreased by
approximately 75%. The largest change of 78.6% occurred in samples printed in the X di-
rection and heat treated at a pressure of 1000 bar, and in samples printed in the Y direction
and subjected to a pressure of 500 bar.

Analyzing the results obtained for the conventional yield strength Rp0.2 (Table 4), it
can be seen that the values do not differ significantly for the individual groups of tested
samples. Both the variable parameters of the HIP process and the printing direction did not
cause significant changes in the determined values. In the case of the yield strength, there
is a visible relationship between the direction of printing samples and the parameters of the
HIP process. The lowest value of the yield strength was recorded for samples printed in the
X direction and subjected to hot isostatic pressing at a pressure of 500 bar. The highest value
of the Rp parameter was assigned to the sample printed in the Y direction, heat treated at a
pressure of 500 bar.

The yield strength could not be recorded for samples Y2.1–Y3.3. In the case of samples
printed in the X direction, a relationship is visible: the higher the pressure of the HIP
process, the higher the yield strength.

In order to better illustrate the differences that occurred between the determined pa-
rameters for samples before and after the HIP process, Figures 17–19 present the calculated
percentage differences between the values for samples before and after the HIP process.

The results show that the isostatic pressing process reduces the value of the maximum
force at break. It was noticed that the lower the pressure of the pressing process, the greater
the decrease in the maximum peak load value.

The largest percentage differences were observed for samples printed horizontally
and subjected to a pressure of 500 bar, which was 29.6%, while the smallest differences
were observed for samples printed horizontally and subjected to a pressure of 1500 bar,
which was only 0.03%.

In the case of percentage differences for ultimate stress, the situation is similar. The
largest percentage differences were observed for samples printed horizontally and subjected
to a pressure of 500 bar, which was 31.9%, while for samples printed vertically and subjected
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to a pressure of 1500 bar, no percentage differences were observed. For a pressure of 1000 bar,
samples printed horizontally showed a difference in the ultimate tensile stress value of
12.8%, while for samples printed vertically, the difference was 5.8%.

In the case of Young’s modulus, the largest percentage differences were observed for
samples printed horizontally and subjected to a pressure of 1000 bar, which were 3.36%. In
the case of vertically printed samples, percentage differences practically did not occur.
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4. Conclusions
The paper evaluates the influence of manufacturing and finishing parameters on a

biocompatible material, specifically the Ti-6Al-4V alloy. While these studies are prelimi-
nary, they have already provided valuable insights into the potential changes in material
properties. This is particularly important, as 3D printing technology enables the fabrication
of customized prostheses and even damaged tissue fragments. From the perspective of the
potential applications of such elements, it is essential to determine the positive or negative
impacts of various finishing techniques.

In this study, the influence of hot isostatic pressing (HIP) temperature and pressure
on the mechanical properties of the Ti-6Al-4V titanium alloy, produced using the laser
engineering net shaping (LENS) method, was assessed. Additionally, the study explored
whether the orientation of printing in the LENS process affects the obtained strength
properties. Based on the experimental results, the following conclusions can be drawn:
the direction of forming the Ti-6Al-4V alloy using the LENS method does not significantly
affect the tensile strength properties of the material. The recorded variations in strength
were within the margin of error. A comparison of results from samples before and after the
HIP process indicated that the process influenced the material’s properties. Specifically,
higher applied pressures led to higher peak load values. The highest values of Young’s
modulus were achieved at a pressure of 1000 bar, while the highest ultimate tensile strength
(UTS) values were recorded at 1500 bar. The HIP process thus enables the control of both
the strength and plasticity of the material. However, it was also observed that variations in
HIP parameters significantly affect the final mechanical properties of the samples.

Depending on the applied pressure, some material properties improved while others
deteriorated, an outcome that was not anticipated. Typically, the HIP process enhances
the strength properties of the materials forming method [6,16,19,20], but this pattern is
not always observed. Future research should investigate similar samples, incorporating
variations in temperature and a broader range of pressure values during the HIP process.
These studies may help establish optimal HIP parameters to improve the strength properties
of samples fabricated using the LENS method.
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Abstract: Bimetallic composite pipes, as critical components, effectively integrate the
superior properties of diverse materials to meet the growing demand for lightweight,
high-strength, and corrosion-resistant solutions. These pipes find extensive applications
in petrochemical, power generation, marine engineering, refrigeration equipment, and
automotive manufacturing industries. This paper comprehensively reviews advanced
bending and forming technologies, with a focus on challenges such as wrinkling, excessive
wall thinning, springback, cross-sectional distortion, and interlayer separation. The review
combines theoretical analysis, experimental findings, and numerical simulations to provide
insights into defect prevention strategies and process optimization. It also evaluates
emerging technologies such as artificial neural networks and intelligent control systems,
which demonstrate significant potential in enhancing bending accuracy, reducing defects,
and improving manufacturing efficiency. Additionally, this work outlines future research
directions, emphasizing innovations required to meet the stringent performance standards
of bimetallic composite pipe components in high-end applications.

Keywords: bimetallic composite pipe; bending and forming; forming defects; state of
the art

1. Introduction
Bimetallic composite tubes, as lightweight structural components, effectively address

specific challenges faced by conventional pipes. Unlike traditional pipes, which often suffer
from material waste and rework due to surface and subsurface flaws (e.g., cracks, trapped
air bubbles, and pits) [1,2], bimetallic composite tubes offer enhanced manufacturing preci-
sion through advanced bonding and forming techniques. Their dual-material construction
minimizes issues like non-uniform thickness and circularity by optimizing the compatibility
and properties of inner and outer layers. Moreover, these tubes reduce eccentricity by
leveraging tightly controlled forming processes, ensuring structural integrity and reliability
in demanding applications such as the petrochemical industry [3], energy power genera-
tion [4], ocean engineering [5], refrigeration equipment [6], and the automotive industry [7].
Similar advancements have been made in other bimetallic components, such as bimetallic
bolts, which utilize dual-material properties to improve mechanical performance and re-
sistance to harsh environments [8]. While their production demands meticulous control,
the ability to integrate multiple material properties in a single component represents a
significant improvement over conventional single-material solutions, providing superior
strength, corrosion resistance, and adaptability to complex geometries.
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The manufacturing processes for bimetallic composite pipes can be broadly catego-
rized into two main types: mechanical bonding and metallurgical bonding. Mechanical
bonding processes include drawing, rolling, extrusion, expansion, and spinning, which rely
on external forces to join the inner and outer tubes, forming a compact structure. Metallurgi-
cal bonding, on the other hand, utilizes the physical and chemical interactions of materials
at high temperatures, with key techniques including centrifugal casting, solid-liquid casting,
and explosive welding. Mechanical bonding is characterized by high forming efficiency and
adaptability, while metallurgical bonding achieves superior interfacial bonding strength,
making it suitable for producing composite pipes with high-performance requirements.

To accommodate varying specifications, shapes, materials, and molding tolerances,
a range of bending methods for bimetallic composite tubes has been developed. These
methods can be categorized based on several criteria. First, considering the forming
temperature, the bending process is classified into cold bending and hot bending [9,10].
Second, based on loading conditions, the methods include pure bending, compression
bending, push-pull bending, CNC bending, laser bending, and free bending [11–16]. Third,
from a material perspective, bimetallic composite tubes encompass combinations such as
copper/titanium, aluminum/steel, and aluminum/magnesium [17–19]. Fourth, regarding
the shape of the tube, these methods apply to tubes with round, rectangular, and other
shaped cross-sections [20,21]. Finally, in terms of bending difficulty, tubes with a large
relative radius are easier to bend, whereas those with a small relative bending radius
present more challenges [22,23].

During the bending process, the inner and outer layers of composite pipes will be
subjected to complex tensile and compressive stress distributions, which may lead to
a series of defects or instability phenomena such as wrinkling, excessive wall thinning,
cross-section distortion, rebound, and interlayer separation. How to accurately predict and
effectively control these phenomena is a long-standing challenge in the field of forming
and manufacturing and a focus of researchers’ attention [24–26].

At present, for the multiple defects, forming parameters, and process design in the
bending and forming of bimetallic composite tubes, researchers have conducted in-depth
studies using a variety of methods, which have greatly promoted the technological progress
in this field. With the improvement of forming quality requirements for lightweight, high-
strength, and corrosion-resistant composite pipe fittings in high-end industries such as
petrochemical and offshore engineering, the design of bimetallic composite pipes, control
of multiple instabilities, and enhancement of process limits are facing new challenges. To
cope with these challenges, this work reviews the common basic problems in bending
and forming of bimetallic composite tubes, such as wrinkling instability, wall thickness
thinning, interlayer separation, cross-section deformation and rebound, etc. It also evaluates
the advantages and disadvantages of the current bending and forming technologies and
discusses the future development direction and problems to be solved.

2. Bimetallic Composite Pipe Bending Theory Research Progress
The bimetallic composite pipe features a base-liner structure, which consists of two

main components: the inner tube and the outer tube. To meet the diverse property require-
ments for specific application environments, different materials are typically selected for
the inner and outer layers. Common materials include aluminum alloys, magnesium alloys,
alloy steels, cast iron, and copper alloys, as detailed in Table 1.
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Table 1. Materials and application fields of bimetallic composite pipes in some studies.

Composite Method Inner Tube
Material Outer Tube Material Application Field

Mechanical
composite

Aluminum Alloys: Al7475,
AA5052, Al6063,
AA6061, 5A03

Alloy Steel: STKM13C,
316L, SS304

3A21 Aluminum Alloy [26],
AZ31 Magnesium Alloy [19],

H65 Brass [27], T2 Copper [24]
AA1070 Aluminum Alloy [28],

20# Steel [6,25,29]

Chemical pipelines [29],
High-temperature cooling

walls [30], Solar energy
collection [4], Marine
development [5], Air

conditioning ducts [6],
Automotive industry [7]

Metallurgical
composite

Aluminum Alloy: Al6061 [18] 1020 Carbon Steel

Copper Alloy: T2, C10100
Q235 Carbon Steel [30],

Al1070 Aluminum Alloy [31],
6061 Aluminum Alloy [32]

Investigations [24–26] have shown that the bimetallic composite tube bending process
can lead to forming defects such as wrinkling, excessive wall thickness thinning, cross-
section distortion, and springback. However, the presence of a double-layer structure
results in distinct characteristics that differ from those of single-tube configurations. Con-
sequently, numerous studies have been conducted to examine the bending formation of
bimetallic composite tubes, focusing on aspects such as wrinkling, excessive wall thinning,
cross-sectional distortion, and springback [9–23]. Understanding the occurrence mecha-
nism, accurately predicting, and effectively controlling these defects are the core issues of
the bending theory research of bimetallic composite tubes.

2.1. Wrinkling
2.1.1. Wrinkling Prediction Study

In the early stage of the study of buckling theory, Hill [33] introduced a sufficient con-
dition for the uniqueness of elastic-plastic materials, which served as a foundational tool for
analyzing wrinkling behavior and laid the groundwork for preliminary bifurcation theory.
Building on this, Hutchison [34] extended Hill’s theory by applying it to the wrinkling
analysis of thin shells, thereby providing critical theoretical support for understanding the
buckling behavior of thin shell structures. In the context of the bimetallic composite tube
bending process, the interaction and wrinkling behavior of the inner and outer walls can
be effectively described using plastic bifurcation theory. This theory, which incorporates
the plastic deformation properties of materials, offers a more accurate representation of the
buckling and wrinkling phenomena occurring in the inner liner pipe under high bending
strains [35]. Yuan et al. [36] further advanced this approach by employing the J2 plastic
deformation theory (Equation (1)) to model the inelastic behavior of materials and predict
wrinkling in bimetallic composite pipes. Their findings revealed that the bending flexural
strain in the inner pipe was significantly lower than that observed in single-layer pipes.

σij =
Es

(1 + vs)

{
vs

(1− 2vs)
δijδkl +

1
2

[
δikδjl + δilδjk

]}
εij (1)

where σij is the stress tensor component, Es is the modulus of elasticity of the material, vs is
the Poisson’s ratio, and εkl is the strain tensor component. δij is the identity matrix filter
symbol used in tensor operations, which equals 1 when the subscripts are identical and
0 otherwise. Different combinations of subscripts (e.g., δklδikδjlδilδjk) are used to represent
various stress components in volumetric deformation and shear deformation, respectively.

Unlike bifurcation theory, the energy principle (Equation (2)) has been widely applied
due to its simplicity and computational efficiency. For forming processes with relatively
simple boundary conditions, instability prediction models can be quickly derived based on
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energy criteria [37,38]. For example, Zhang et al. [10] investigated the deformation behavior
of ultra-thin-walled tubes under the hydraulic push-pull bending process. Through finite
element simulations and experimental validation, they demonstrated the effectiveness
of the energy principle in wrinkling prediction. Specifically, by analyzing the variation
in the system’s total energy during deformation, the critical conditions for wrinkling
were determined. When the internal pressure was insufficient, the inner wall of the tube
exhibited significant fluctuations in wall thickness, resulting in pronounced wrinkling. By
applying appropriate internal pressure, wrinkling could be effectively suppressed, leading
to a more uniform wall thickness distribution during the forming process.

Umin = Wex (2)

where Umin is the minimum energy required for wrinkling, Wex is the plastic deformation
energy in the deformation zone, and wrinkling occurs when Wex reaches a critical point.

Naderi [39] developed an energy-based 3D finite element model for the prediction
of bending wrinkling of thin-walled tubes based on the principle of energy, considering
geometrical nonlinearities, material defects, inelastic material behavior, and interfacial
contact, which was based on a carbon steel/stainless steel composite tube. It was found
that geometrical and thickness defects lead to an increase in the probability of the occurrence
of wrinkles in the inner tube.

2.1.2. Influencing Factors and Control of Wrinkling

In the process of bending composite pipes, effective strategies for controlling wrinkles
encompass the selection of appropriate materials, optimization of the bending process,
implementation of mandrel filling techniques, and enhancement of the accuracy in initial
preparation (Table 2).

Table 2. Strategies for controlling wrinkling during bending of composite tubes.

Wrinkle Control
Strategies Descriptive

Selection of inner tube material [40,41] Adoption of inner tube materials with better bending processability and
optimization of the ratio of inner and outer tube wall thicknesses

Optimization of process
parameters [42,43]

Adjustment of process parameters such as bending radius, bending speed,
and temperature to regulate the material stress state

Filled with mandrels [44,45] Bending process with various filled mandrels (polymers), granular media
(sand), or liquid media (water, etc.)

Improvement of initial preparation
accuracy [46]

Use of high-precision machining equipment to control the initial
preparation process of composite tubes to reduce initial defects and

improve molding accuracy

Currently, although the wrinkling phenomenon that occurs during bending of bimetal-
lic composite tubes is well understood, its effective avoidance remains a major challenge
to improve the bending limit and to achieve accurate forming, especially in composite
tube applications with small relative bending radius. The literature [22] points out that
the increase in the diameter difference between the inner and outer materials of bimetallic
composite tubes, as well as the change in the contact stress distribution between the inner
and outer layers, and the expansion of the critical wrinkling region, increase the risk of
wrinkling significantly. During the bending process of composite pipes, the inner and outer
materials exhibit distinct stress and strain responses, which can lead to challenges in main-
taining structural integrity. A critical issue arises from the delamination or separation at
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the contact interface between the inner and outer materials, which significantly contributes
to the formation of wrinkles. Therefore, enhancing the control and stability of the contact
interface between these materials is essential to mitigate the risk of wrinkling and ensure
the mechanical performance of composite pipes.

2.2. Excessive Wall Thickness Reduction and Cross-Section Distortion

During the bending process of composite pipes, excessive wall thinning often occurs,
primarily due to the uneven distribution of stress between the inner and outer wall mate-
rials. As shown in Figure 1, the inner wall is subjected to compressive stress, which can
result in localized yielding and plastic deformation of the material. Simultaneously, the
outer wall experiences tensile stress, leading to localized deformation and stretching. This
disparity in stress distribution between the inner and outer walls is the fundamental cause
of the wall thinning phenomenon observed during bending molding. This non-uniformity
in stress distribution not only leads to wall thickness thinning but may also cause distortion
of the cross-section. The prediction of wall thickness thinning and cross-section distortion
is influenced by material properties, geometry, and process parameters, so researchers have
continued to explore the laws that influence them to achieve more precise control. These
research results provide an important theoretical basis for improving the molding process
of composite pipes, enhancing product quality, and ensuring structural reliability.
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Figure 1. Wall thickness variation of the tube under different bending radii [47].

2.2.1. Theoretical Research on Wall Thickness Thinning and Cross-Section Distortion

Tang et al. [48] pointed out that during the bending process, the outer wall of the
tube undergoes tensile thinning, while the inner wall experiences compressive thickening
(as shown in Figure 2). To accurately predict the variation in stress distribution during
bending, mesh convergence analysis plays a critical role in finite element simulations. By
progressively reducing element size, mesh convergence analysis evaluates the relationship
between estimation errors and mesh size, thereby yielding precise stress distribution
results [49]. Studies have shown that when the element size reaches a certain threshold, the
error in the calculated stress distribution significantly decreases, and prediction accuracy
improves markedly. The mesh convergence curve effectively validates the reliability of the
model and the accuracy of the computational results. Additionally, the necking instability
of the material is closely related to wall thickness variation during the bending process.
During tension, localized stress concentration leads to necking, which manifests as localized
thickening or thinning during bending. By comparing experimental calibration with model
predictions, the relationship between stress distribution and wall thickness variation can be
further validated, and model parameters can be optimized to enhance prediction accuracy.
Moreover, Guo et al. [47] proposed a wall thickness variation prediction model based
on plasticity theory (Equation (3)). Incorporating Hencky’s stress–strain relationship, the
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model reveals the coupled effect of material properties on wall thickness variation and
stress distribution. This model enables prediction of the overall wall thickness variation of
composite pipes and elucidates the coupling relationship between the thickness changes of
the inner and outer layers, as well as the shift in the strain-neutral layer during free bending.

0 =
4
3

∫ ρN

ρa
sgn(δ1) ·Y1

[(
∆t1

t10

)+
]

dρ/ρ +
4
3

∫ ρb

ρN

sgn(δ2) ·Y2

[(
∆t2

t20

)+
]

dρ/ρ (3)

where ρ is the radial position, ρa is the inner radius, ρb is the outer radius, ρN is the radius
of the neutral layer, sgn(δi) is the sign function, Y1 and Y2 are the flow stress functions
of copper and aluminum, respectively, ∆t1 and ∆t2 are the thickness variations of copper
and aluminum, respectively, and t10 and t20 are the initial thicknesses of copper and
aluminum, respectively.
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When analyzing the cross-sectional flattening of single-layer tubes, traditional methods
usually treat them as elliptical [50], focusing only on the outermost layer at the bending
site and ignoring the cross-sectional shape between the outermost layer and the geometric
center. However, in the case of bimetallic tubes, the deformation trend of each layer is often
inconsistent, and the coupling between the layers leads to a deformation behavior that
cannot follow the original mechanical properties. Fu [51] innovatively proposed a physics-
driven B-spline curve fitting method to characterize the full cross-sectional deformation
of Cu-Al bimetallic tubes during the rotary draw bending process. In this process, the
characteristic curve of cross-sectional deformation can be described using the B-spline
fitting method. The equation for the characteristic curve h(u) on the outer side of the
cross-section is as follows:

h(u) =
4

∑
j=0

djNj,3(u), u ∈ [0, 1] (4)

Here, dj represents the control points, Nj,3(u) is the third-order B-spline basis function,
and the distribution of the control points is closely related to the variation in the outer wall
thickness. The equation for the characteristic curve on the inner side of the cross-section is
expressed as follows:

hi(θ) = r0 + t0 + ∆t cos(θ) + f (α, β) (5)

Here, ∆t represents the wall thickness variation, θ denotes the positional angle, and
f (α, β) is the fitting function coupled with curvature and contact pressure.

Figure 3 clearly illustrates the fitting of the outer and inner characteristic curves,
particularly highlighting the distribution characteristics of wall thickness variation. The
curves accurately describe the geometric features of cross-sectional deformation during the
bending process by capturing the coupling relationship between control points and posi-
tional angles. Through the application of physical constraint conditions and the principle
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of energy minimization, the B-spline fitting method achieves precise modeling of the full
cross-sectional deformation.
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2.2.2. Influence and Control of Wall Thickness Reduction and Cross-Section Distortion

In the composite pipe bending process, effective control of wall thickness reduction
and cross-section distortion strategies include the selection of material parameters, the use
of mandrel filling, process parameters, and bending method optimization. The relevant
studies are shown in Table 3.

Table 3. Strategies for controlling wall thickness reduction and cross-section distortion in the com-
posite pipe bending process.

Wrinkle Control
Strategies Descriptive

Control of material parameters [52,53]
Optimize the ratio of inner and outer tube material and
wall thickness to balance the deformation and reduce

cross-section distortion

Filled with mandrels [54–56] Filling of bending areas with PVC cores, rigid cores, etc.,
prevents instability of the cross-section shape

Optimization of process parameters [57,58] Adjustment of process parameters such as bending angle,
lubrication effect, boost speed, bending radius, etc.

Improved bending [59,60]
The use of multi-stage bending, free bending, and other

advanced technology to reduce local stress concentration
and control wall thickness changes

These research results provide a solid theoretical basis for improving wall thickness
thinning and cross-section distortion of bimetallic composite tubes in the bending process.
Although neither can be completely avoided in the bending process, these instabilities
can be effectively controlled by the above optimized conditions, keeping them within
acceptable tolerances. This ensures the quality and reliability of the composite tube.

2.3. Springback

In the bending process of bimetallic composite pipes, springback refers to the shape
deviation caused by the release of residual stress after the removal of external forces.
Springback theories are typically based on the following assumptions: the material is
considered an ideal elastoplastic body, the elastic stage follows Hooke’s law, and the
plastic stage conforms to specific hardening laws. However, in practical applications, the
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strain-hardening effect of materials significantly influences springback behavior. Moreover,
traditional theories assume a fixed neutral layer position. However, for bimetallic composite
pipes, the neutral layer undergoes significant displacement due to the differing elastic
moduli and yield strengths of the inner and outer materials, leading to reduced prediction
accuracy. Additionally, conventional springback theories often neglect the effects of strain
rate and temperature. In actual production, particularly during high-speed bending or
when dealing with temperature-sensitive materials (such as aluminum and magnesium
alloys), variations in strain rate and temperature significantly impact springback behavior.
These deviations in assumptions limit the applicability of theoretical models under complex
conditions. Therefore, in engineering applications, experimental calibration and finite
element simulation are essential for more accurate springback prediction and control,
ensuring that the forming quality meets practical requirements.

2.3.1. Research on Springback Theory

In the study of single pipe springback theory, Al-Qureshi [61] derived the elastic-plastic
deformation equation during bending, highlighting that the location of the elastic-plastic
transition within the cross-section significantly influences the required bending force,
springback degree, and residual stress after unloading. This theory assumes a material
model without strain hardening, simplifying the analysis but limiting its ability to reflect
real-world strain-hardening behavior during bending. To address this, some studies [62]
incorporated a hardening law in the form of a power function into the analytical model,
enabling more accurate predictions of springback by accounting for material strain hard-
ening. For composite pipes, traditional single-pipe springback theories are insufficient
due to differing material properties across layers. Zhang [11] introduced the concept of
a composite elastic modulus Ec and neutral layer shift Sε, as shown in Equation (6), to
enhance the springback model. This approach assumes that the neutral layer shift is a criti-
cal factor and simplifies its behavior for calculation, achieving better agreement between
theoretical predictions and experimental results (Figure 4). However, such assumptions,
including linearized hardening and uniform material properties, limit the applicability
of these models under non-ideal boundary conditions or non-uniform material distribu-
tions commonly encountered in industrial applications, emphasizing the need for further
refinements through experimental calibration and advanced simulations.

Dε =
Dk + Dk+1 + · · ·+ Dk+m

m + 1
, k ∈ N∗, k ≤ n, m ∈ N∗ (6)
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Sε = R0 − Dε (7)

where Dε is the neutral layer shift, Dk is the distance from the neutral layer position to
the bending center, Sε is the relative displacement of the neutral layer, and R0 is the initial
bending radius.

2.3.2. Influence and Control of Rebound

Table 4 delineates various significant factors that impact pipe springback, thereby
affecting the behavior and specific patterns of springback in pipes. A comprehensive under-
standing of these factors enables more precise predictions and regulation of springback dur-
ing the bending process, ultimately facilitating the optimization of processing parameters.

Table 4. Influence factors of springback during bending of composite tubes.

Factor Law of Influence

Material Properties [63–65] The higher the modulus of elasticity and yield
strength, the more pronounced the rebound is

Bending angle [66,67] The larger the bending angle, the more
significant the rebound effect is

Frictional conditions [68,69] Higher coefficients of friction between the tool
and the material result in greater rebound

Investigations in the literature [70,71] have investigated the impact of employing
a composite tube filled with a plastic mandrel on the resilience angle during rotational
bending. The findings indicate that the presence of a plastic mandrel within the composite
tube establishes an approximately linear correlation between the resilience angle and the
bending angle. Furthermore, the application of the overbending compensation method has
been demonstrated to effectively regulate the bending angle, thereby enhancing both the
precision and efficiency of the bending process.

The above research results have a key role in realizing the precision bending of
composite pipes. However, the current effective control of springback mainly relies on
empirical and experimental methods. There are many factors affecting the rebound and the
fluctuation in the rebound amount is large, which together lead to the challenging task of
accurately predicting the rebound angle.

2.4. Interface Strengthening

Interfacial bond strength determines the service performance of bimetallic compos-
ite pipes. Therefore, interlayer separation is an important molding defect in bimetallic
composite pipes. Defects such as wrinkling of the inner tube, thinning of the outer tube,
and cross-section distortion will aggravate the interlayer separation defects to a certain
extent. At present, overcoming the interlayer separation defect still relies on improving the
interfacial bonding strength during the initial preparation of bimetallic composite pipes.
The initial preparation methods of bimetallic composite pipes mainly include two types:
mechanical bonding and metallurgical bonding.

2.4.1. Control of Interlayer Separation in the Mechanical Composite Process

By optimizing spinning parameters [25,39,72], such as the press-in volume, feed rate,
and roller angle, the interfacial bonding strength in spinning processes can be significantly
enhanced. Residual contact pressure serves as a critical factor in preventing interlayer
separation (Figure 5). Maximizing the residual contact pressure during spinning enables
synergistic deformation of the inner and outer materials during bending, mitigating stress
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concentration and slip at the interface. Furthermore, studies on 20/316L bimetallic compos-
ite pipes have demonstrated that when the indentation depth is 0.14 mm, the orientation
angle is 2.5◦, and the feed rate is 0.3 mm/rev, residual contact stress is effectively improved,
ensuring interfacial bonding quality. As illustrated in Figure 6, these optimized parameters
facilitate a uniform and higher residual contact stress distribution at the interface, signif-
icantly enhancing the stability and performance of composite pipes during subsequent
bending processes.
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The drawing method combines the inner and outer materials through mold deforma-
tion by applying axial force to the composite pipe (Figure 7). In the study, it is found that
the cone size directly affects the bonding strength of the composite pipe interface. A larger
cone diameter can effectively increase the interface contact area, thereby improving the
bond strength and reducing the separation phenomenon caused by stress concentration. By
optimizing the cone size in the drawing process, the bonding quality of the inner and outer
layers can be significantly improved, and the risk of interlayer separation can be reduced
(Figure 8) [73–75].
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2.4.2. Control of Layer Separation in the Metallurgical Composite Processes

Centrifugal casting utilizes high-speed rotational centrifugal forces to uniformly dis-
tribute molten metal along the mold wall, forming a composite structure (Figure 9). Con-
trolling the pouring temperature and mold rotational speed is critical to improving the
interfacial bonding quality [76–78]. As shown in Figure 10, research on 40Cr/Q345B
bimetallic ring blanks in the literature [77] indicates that when the outer metal pouring
temperature is 1570 ◦C and the mold rotational speed is 800 r/min, the axial temperature
difference at the interface can be effectively reduced (approximately 75.6 ◦C), promoting
more uniform metallurgical bonding. Furthermore, when the inner metal pouring temper-
ature is 1600 ◦C and the pouring interval is 221 s, a stable metallurgical bonding layer is
formed at the interface, significantly reducing interlayer separation and shrinkage defects.
By optimizing these parameters, the diffusion of elements between the inner and outer
metals can be effectively enhanced, forming a uniform metallurgical bonding layer at the
interface and preventing defects and microcracks caused by excessively fast or slow cooling
rates. In addition, reasonable pouring intervals and mold rotational speeds help minimize
interface separation caused by thermal stress differences, further enhancing the interfacial
metallurgical bonding strength (Table 5).
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Table 5. Strategies for controlling interlayer separation by different processes.

Crafts Category Methods

Spin molding mechanical compound

Optimization of spinning parameters such as
press-in volume, feed rate, etc. to increase

residual contact

Drawing Increased cone diameter for improved
interfacial bonding

Centrifugal Casting
Metallurgical composite

Enhanced metallurgical bonding by controlling
pouring temperature and mold speed

Adjustment of casting intervals and mold
speed to improve interfacial element diffusion

Solid-liquid casting

Optimize casting temperature to improve
interfacial metallurgical bonding

Introduction of Sn-Bi intermediate layer to
improve wettability and interfacial bonding

Explosion Welding

Enhanced interfacial bonding through
high-pressure conditions created by

explosive welding
Optimize collision speed and angle, fine crystal
enhancement to improve interface integration

The solid-liquid casting method forms a bimetallic structure by bonding molten metal
with a solid substrate material (Figure 11). Studies [79,80] have shown that introducing
an Sn-Bi interlayer can effectively improve interfacial wettability and enhance bonding
strength. As observed in Figure 12 [79], the use of an Sn-Bi alloy as an interlayer improves
the contact condition between the inner and outer metals, reduces interfacial porosity and
inclusions, and prevents interlayer separation caused by interfacial defects.
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Figure 12. Edge interfacial thickness of Babbitt–steel composite with Sn and Sn–Bi interlayers,
(a) bimetal with Sn interlayer, (b) bimetal with Sn + 1% Bi interlayer, (c) bimetal with Sn + 2% Bi
interlayer, (d) bimetal with Sn + 3% Bi interlayer, and (e) bimetal with Sn + 4% Bi interlayer [79].

Explosive welding tightly bonds two metals through shock waves and pressure gener-
ated by high-energy explosions. Utilizing this technique, effective bonding between the
inner and outer materials is achieved under extreme pressure and temperature conditions
(Figure 13). As shown in Figure 14, a study [80] on the microstructure of Fe/Al at different
detonation points revealed that insufficient detonation energy fails to achieve effective
bonding between the materials, while at the terminal position, Fe and Al are effectively
bonded. The high pressure and grain refinement induced by explosive welding not only
enhance interfacial bonding strength but also effectively suppress the initiation and propa-
gation of interfacial cracks, reducing the occurrence of interlayer separation. Furthermore,
optimizing the detonation angle and velocity further improves the metallurgical bonding
quality at the welding interface, significantly enhancing the mechanical properties of the
composite pipe [30–32,81].

Materials 2025, 18, x FOR PEER REVIEW 13 of 25 
 

 

Figure 11. Solid rolling composite process. (1, inner tube; 2 and 5, heating device; 3, guiding device; 
4, casting device; 6, cooling rolls; 7, outer tube). 

 

Figure 12. Edge interfacial thickness of Babbitt–steel composite with Sn and Sn–Bi interlayers, (a) 
bimetal with Sn interlayer, (b) bimetal with Sn + 1% Bi interlayer, (c) bimetal with Sn + 2% Bi inter-
layer, (d) bimetal with Sn + 3% Bi interlayer, and (e) bimetal with Sn + 4% Bi interlayer [79]. 

Explosive welding tightly bonds two metals through shock waves and pressure gen-
erated by high-energy explosions. Utilizing this technique, effective bonding between the 
inner and outer materials is achieved under extreme pressure and temperature conditions 
(Figure 13). As shown in Figure 14, a study [80] on the microstructure of Fe/Al at different 
detonation points revealed that insufficient detonation energy fails to achieve effective 
bonding between the materials, while at the terminal position, Fe and Al are effectively 
bonded. The high pressure and grain refinement induced by explosive welding not only 
enhance interfacial bonding strength but also effectively suppress the initiation and prop-
agation of interfacial cracks, reducing the occurrence of interlayer separation. Further-
more, optimizing the detonation angle and velocity further improves the metallurgical 
bonding quality at the welding interface, significantly enhancing the mechanical proper-
ties of the composite pipe [30–32,81]. 

 

Figure 13. Explosive molding. (1, inner tube; 2, outer tube; 3, detonating cord; 4, piston). 
Figure 13. Explosive molding. (1, inner tube; 2, outer tube; 3, detonating cord; 4, piston).

33



Materials 2025, 18, 111
Materials 2025, 18, x FOR PEER REVIEW 14 of 25 
 

 

 

Figure 14. Secondary electron images of interface with good bonding properties: (a) sampling posi-
tions, (b) interface at position A, (c) interface at position B, and (d) interface at position C [81]. 

Table 5. Strategies for controlling interlayer separation by different processes. 

Crafts Category Methods 

Spin molding 
mechanical 
compound 

Optimization of spinning parameters such as 
press-in volume, feed rate, etc. to increase resid-

ual contact 

Drawing Increased cone diameter for improved interfacial 
bonding 

Centrifugal Casting 

Metallurgical 
composite 

Enhanced metallurgical bonding by controlling 
pouring temperature and mold speed 

Adjustment of casting intervals and mold speed 
to improve interfacial element diffusion 

Solid-liquid casting 

Optimize casting temperature to improve inter-
facial metallurgical bonding 

Introduction of Sn-Bi intermediate layer to im-
prove wettability and interfacial bonding 

Explosion Welding 

Enhanced interfacial bonding through high-pres-
sure conditions created by explosive welding 

Optimize collision speed and angle, fine crystal 
enhancement to improve interface integration 

  

Figure 14. Secondary electron images of interface with good bonding properties: (a) sampling
positions, (b) interface at position A, (c) interface at position B, and (d) interface at position C [81].

2.5. Process Optimization Design

Traditional tube bending techniques primarily rely on empirical formulas and limited
experimental data, making it difficult to handle complex material and process variations,
particularly when addressing nonlinear springback behavior. For example, traditional
methods often require extensive trials and adjustments to meet the bending demands of
different materials and geometries, which is both time-consuming and costly. Although
finite element methods (FEMs) have achieved considerable success in predicting tube
bending and forming, their computational complexity limits efficiency, especially in large-
scale industrial applications. To overcome the limitations of traditional methods, artificial
neural networks (ANNs) and database technologies have been gradually introduced into
tube bending processes [82]. ANNs possess the capability to handle complex nonlinear
relationships [61], enabling high-precision springback prediction and process optimization,
by learning from large datasets of historical data. However, these datasets also present
certain limitations: first, the data is primarily derived from simulation results, which,
although experimentally validated, may lack sufficient representativeness under extreme
conditions; second, the data generation focuses predominantly on specific materials (e.g.,
aluminum alloys), limiting generalization to other materials; finally, the variation ranges of
certain parameters in the datasets are relatively narrow, which may constrain the model’s
prediction accuracy, particularly when faced with novel geometries or process conditions
(Table 6).

Wu et al. developed a predictive model for the bending deformation of welded thin-
walled aluminum alloy square tubes using a backpropagation (BP) neural network [83].
By training the model with 270 sets of finite element simulation data, they successfully
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demonstrated its ability to predict welding-induced deformation under complex nonlinear
conditions with high accuracy. This method not only enhances prediction precision but also
minimizes the reliance on physical experiments, thereby significantly reducing production
costs. Building on this foundation, Wang et al. highlighted the advantages of artificial
neural networks in addressing challenges posed by complex geometries and variable
process conditions [84]. They introduced a high-precision rebound prediction model based
on a graph neural network (GNN), which achieves an impressive prediction accuracy of
99.993%. The GNN model excels in capturing geometric and process variations in real time
during the bending process. Moreover, its real-time feedback capability enables automatic
adjustment of process parameters during production, effectively lowering the defect rate
and further optimizing manufacturing efficiency.

Database technology played a key role in this process. By constructing and main-
taining a database of the pipe bending process, researchers are able to efficiently manage
experimental and production data and provide powerful data support for model training.
Wu et. al. generated a large amount of training data through finite element simulation and
successfully created a dynamically updatable database to optimize the training of the neural
network model [83]. This database-driven model training ensures sustainable optimization
of the model to maintain highly accurate predictions under changing process conditions.

With the continuous advancement of machine learning and big data technologies,
tube bending processes are anticipated to become increasingly intelligent and automated.
In particular, the integration of ANN with databases is expected to extend beyond the
optimization of production processes to encompass the early stages of design. This de-
velopment will enable engineers to make real-time predictions and adjustments during
product prototyping, thereby enhancing the efficiency and accuracy of product develop-
ment. Furthermore, tube bending technology is likely to evolve into a more intelligent and
interconnected system. Future production processes will seamlessly incorporate real-time
monitoring, data analysis, and model optimization, leading to significant improvements in
both production efficiency and product quality. By continuously learning from new data,
ANN models will be capable of autonomously adjusting production parameters, ensuring
that the tube bending process becomes increasingly precise and reliable over time.

Table 6. Advantages of the combination of ANN and database.

Advantage Descriptive

Improved prediction accuracy [85]
Accurate prediction of bending deflection and

springback under complex geometric and
material conditions

Real-time feedback and process
optimization [86]

Provide real-time monitoring and feedback to
dynamically adjust process parameters

Reduced costs [87] Reduces the need for physical experimentation
and lowers production and R&D costs

3. Bimetallic Composite Pipe Bending Technology
At present, the most widely used bending technologies for bimetallic composite pipes

include free bending and CNC bending forming. Compared with monometallic tubes,
bimetallic tubes face more complex stress–strain interactions during the forming process,
primarily due to the distinct material properties of the inner and outer layers. These
differences lead to significant challenges, such as uneven stress distributions, increased
springback, and interfacial separation, particularly in high-strength or multi-layered mate-
rials. For example, the inner layer may undergo severe compressive deformation, resulting
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in wrinkling, while the outer layer experiences tensile deformation that increases the risk
of cracking. These challenges necessitate strict control of processing parameters [14,66],
including neutral layer shift, mold clearance, friction coefficient, and bending angle. In
high-strength materials, additional difficulties arise from their higher elastic modulus and
yield strength, which exacerbate springback and make precise forming more complex. For
multi-layer materials, weak interfacial bonding or differences in thermal and mechanical
properties between layers can lead to delamination or interfacial slip during bending.

The free bending technique is particularly suitable for composite tube space form-
ing [47] by flexibly adjusting the bending radius and angle [88]. This technique mainly
consists of a bending die (Bending Die), a pressing device (Pressing), a guiding device
(Guider), and bearings (Bearing). Different bending radii are achieved by replacing or
adjusting the radius of the bending die, while the bending angle is controlled by adjusting
the position and magnitude of the acting force PU (as shown in Figure 15). Free bending
controls the bending forming process by gradually applying the bending force, which
reduces springback and cross-sectional deformation and achieves a more uniform wall
thickness distribution without the need for complex molds [89–91]. This technique is
particularly suitable for the bending forming of bimetallic composite pipes with larger
bending radii and smaller diameters, which can significantly improve the forming accuracy
and material utilization (Table 7).
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Table 7. Advantages of free bending.

Evaluation Criteria Technical Advantages

Accuracy of bending
mechanics models

Experimental and theoretical model validation shows
that the mechanical model for free bending achieves a

prediction deviation of ≤5%, demonstrating high
precision and suitability for parameter optimization in

complex forming tasks [47,90]

Complex curve forming
capability and flexibility

The dynamic adaptability of five-axis and six-axis free
bending equipment is high, enabling precise forming
of complex three-dimensional paths and multi-radius
bends, with errors controlled within ≤0.5 mm [89,91]

Springback prediction and
compensation effectiveness

Based on U-R experimental data, springback
prediction and compensation techniques for free

bending significantly improve forming accuracy. The
compensation curve reduces the deviation between

the springback angle and the target angle to ≤1◦ [90]

The CNC bending technology for bimetallic composite pipes integrates traditional
rotary bending methods with advanced CNC technology, as illustrated in Figure 16. The
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mold structure used in this process comprises several key components, including the
Pressure Die, Wiper Die, Clamping Die, and Rotary Bending Die. The bending force is
applied through the Rotary Bending Die to achieve the desired pipe formation. To better
understand the forming mechanism and optimize the bending process, extensive research
has been conducted using Cu-Ti and Cu-Al bimetallic tubes as experimental models.
These studies have demonstrated that the precise formation of bimetallic composite tubes,
particularly those with small bending radius and complex three-dimensional geometries,
can be achieved by rigorously controlling critical processing parameters. Such parameters
include the neutral layer shift, die clearance, friction coefficient, and bending angle [11,44].
As a result, this technology is emerging as a pivotal innovation in the manufacturing of
bimetallic composite pipes, offering robust technical support for the large-scale industrial
production of intricate pipe fittings [92]. (Table 8).
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Table 8. Advantages of CNC bending.

Evaluation Criteria Technical Advantages

Cross-section deformation
control capability

The cross-sectional characterization model based on
B-spline curve fitting significantly reduces the error

compared to traditional elliptic models, with the
average cross-sectional deformation error controlled

within 1.82% [51]

Bending axis accuracy The bending axis deviation is controlled within
0.5 mm [51]

Real-time prediction and
multitask learning

By integrating multi-source input multitask learning
(MTL) with digital twin (DT) technology, real-time
prediction of springback and defect classification

during the bending process is achieved, enhancing
both prediction efficiency and accuracy [92]

4. Trends in Composite Pipe Bending and Forming
In order to meet the urgent manufacturing needs of high-performance, lightweight

bending pipe fittings for industries such as the aerospace and automotive industries,
bending theory and technology are showing the following development trends:

(1) Complex geometry and high precision requirements

With the increasing demand for composite fittings, the geometry of pipes also tends
to be complex. In recent years, more and more application scenarios require composite
fittings to meet the requirements of small bending radii, thin walls, large diameters, and
complex three-dimensional shapes. For example, in the automotive and aerospace fields,
more complex fluid passages are required. These applications require composite tubes
to not only have high mechanical properties but also to enable high-precision bending
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and forming [93,94]. Therefore, one of the development trends of the composite pipe
bending is to improve forming accuracy, especially in the bending process of complex
shapes, to maintain uniform wall thickness, stable cross-sectional shapes, and consistent
bending radii.

(2) Intelligent process control and automation

Modern manufacturing increasingly relies on intelligent decision-making and automa-
tion control, particularly in processes such as composite pipe bending and forming. By
integrating advanced technologies, including artificial intelligence (e.g., neural networks),
big data analysis, and database systems, it is possible to achieve real-time monitoring and
feedback optimization throughout the manufacturing process. For instance, prediction
models based on ANN can analyze historical data and dynamically adjust process parame-
ters to maintain high-quality forming, even under complex and variable conditions [95].
This application of intelligent technology not only enhances the efficiency of the bend-
ing process but also significantly reduces the scrap rate and lowers production costs [96].
Looking ahead, the deep integration of artificial intelligence with composite pipe bending
processes is expected to become the dominant trend in the evolution of composite pipe
forming technology.

(3) The development of non-traditional bending technology

In order to cope with the limitations of traditional bending technology, new bending
methods are constantly being developed. For example, laser-assisted hot bending, free
bending, and CNC bending technology have been gradually applied to the forming process
of composite pipe parts [97–99]. Laser-assisted hot bending can precisely control the
bending angle through localized heating and avoid deformation and defects caused by
mechanical contact. Free bending, on the other hand, is able to achieve more flexible tube
forming without the use of complex molds, which is particularly suitable for small-batch,
high-complexity production needs. With the continuous optimization and improvement of
these technologies, they will further improve the flexibility and reliability of the composite
pipe forming process.

5. Challenges in Composite Pipe Bending and Forming
In response to the above pipe bending trends, the challenges that need to be addressed

are summarized below:

(1) Challenges of complex geometry and high precision requirements

With the wide application of bimetallic composite tubes in aerospace, automotive, and
other high-precision manufacturing areas, the complex geometry and precision require-
ments of tube bending have become more stringent. In the bending and forming of small
bending radii, thin walls, large diameters, and complex three-dimensional shapes, the dif-
ferences in stress distribution between the inner and outer materials make the tubes highly
susceptible to defects, especially wrinkling of the inner wall, thinning of the outer wall,
and cross-sectional distortion [100]. Complex geometric bending increases the difficulty of
predicting and controlling these defects, and current theoretical models and process tools
are significantly inadequate in dealing with these problems. In addition, as the demand
for complex geometries increases, accurately controlling strain-neutral layer offsets during
the forming process, as well as coping with inhomogeneous deformations of each layer of
material during bending, remain the main challenges for improving forming accuracy.

(2) Challenges of intelligent process control and automation

Although intelligent technologies and automation control are gradually being applied
to the bending and forming processes of composite pipes, the realization of complete
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intelligence still faces many difficulties. Although current artificial intelligence (such as
neural networks) and big data analysis have been used to a certain extent for process
optimization, these methods require a large amount of data accumulation and algorithm
training. They also face the problems of high cost and long cycle times in actual production.
Especially when dealing with complex geometries or different material combinations,
existing intelligent systems struggle to cope with changing production demands and lack
sufficient adaptive capabilities [101]. In addition, there are technical bottlenecks in real-
time monitoring and dynamic adjustment of process parameters by automated equipment,
which makes it difficult to quickly respond to sudden process changes [102]. Further
development of intelligent algorithms and control systems is needed in the future to ensure
the efficient and stable operation of process automation.

(3) Development and challenges of non-traditional bending technologies

New bending technologies, such as laser-assisted hot bending, free bending, and CNC
bending around the bend, offer new possibilities for the bending and forming of composite
pipes. However, practical applications of these technologies still face many problems.
Laser-assisted hot bending technology can accurately control the bending angle through
non-contact heating, avoiding the deformation defects caused by traditional mechanical
contact. However, it has a high sensitivity to material properties and process parameters,
especially in bimetallic composite pipe materials with complex interlayer stresses and
interfacial bonding. This sensitivity can easily lead to problems such as delamination
or cracking [103]. Free bending technology is suitable for small-lot, high-complexity
production, but there are still major limitations in high-precision control. Although the
CNC bending winding technique is superior in mass production and high efficiency, the
precise control of complex multilayer materials and cross-sectional variations still needs to
be further optimized. Therefore, how to make breakthroughs in improving the flexibility
and adaptability of these new technologies has become a key challenge for the wide
application of non-traditional bending technologies.

6. Conclusions
This review highlights the critical challenges in bimetallic composite pipe bending,

focusing on the limitations of existing methods in addressing defects such as wrinkling,
wall thinning, and springback under complex geometries. Compared to previous studies,
advancements in computational modeling, including hybrid finite element method-artificial
neural network (FEM-ANN) approaches, have significantly improved defect prediction
and process optimization accuracy. However, these advancements remain limited by
issues such as the quality of input data, the adaptability of algorithms, and challenges in
practical implementation.

To overcome these limitations, future research should investigate alternative materials,
including lightweight alloys with improved formability, and integrate advanced computa-
tional tools like multitask learning (MTL) and digital twin (DT) frameworks for real-time
monitoring and process optimization. Additionally, the development of adaptive artificial
intelligence (AI)-driven systems capable of dynamic learning under varying manufacturing
conditions holds great promise for transforming composite pipe bending techniques. Such
innovations could achieve higher precision, efficiency, and product quality, supporting
diverse industrial applications.
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Abstract: Through the ferrite single-phase parameters of M50 bearing steel obtained based
on nanoindentation experiments and the representative volume element (RVE) model es-
tablished based on the real microstructure of M50, this paper established a multiscale finite
element model for the cold ring rolling of M50 and verified its accuracy. The macroscale
and mesoscale flow behaviors of the ring during the cold rolling deformation process
were examined and explained. The macroscopic flow behavior demonstrated that the
stress distribution was uniform following rolling. The equivalent plastic strain (PEEQ)
grew stepwise over time, with the raceway showing the highest PEEQ. The mesoscopic
simulation revealed that the stress was concentrated in the cementite, and the maximum
occurred at the junction of the ferrite and cementite. The largest PEEQ was found in the
ferrite matrix positioned between the two adjacent cementites. The cementite flew with
the deformation of the ferrite. The radial displacement of the cementite decreased from
the edge of the raceway to both ends and decreased from the inner to the outer surface.
Its axial displacement was basically the same on the inner surface and decreased from the
inner to the outer surface. Its circumferential displacement decreased from the inner and
outer surfaces to the intermediate thickness region.

Keywords: M50 bearing ring; cold rolling; multiscale model; flow behavior

1. Introduction
M50 bearing steel is a widely utilized high-temperature bearing steel in the aerospace

industry [1,2]. M50 is classified as a high-carbon bearing steel, and the presence of
chromium (Cr), molybdenum (Mo), and vanadium (V) within its composition facilitates
the formation of various types of cementite, which are diffusely distributed throughout
the matrix [3]. This characteristic is crucial for ensuring its exceptional red hardness and
fatigue life. Ring rolling technology is an advanced and efficient continuous partial plastic
forming technology, which is mainly used for manufacturing seamless rings. Compared
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with the traditional hot-rolled rings, the products obtained by cold rolling have good sur-
face quality, high dimensional accuracy, high mechanical strength, and longer fatigue life.
With the wide application of the cold ring rolling process on 100Cr6 bearing steel, in recent
years, there are also scholars who study using the cold ring rolling process to process M50
bearing steel [4–7]. Through experimentation and numerical simulation, Baoshou Sun [4]
examined the impact of mandrel roll feeding rate during cold ring rolling of GCr15 bearing
steel. Additionally, there was good agreement between the two approaches’ outcomes.
S. Deng et al. [8] used a combination of cold-ring-rolled finite element simulation and
testing to study GCr15 bearing steel. They examined the evolution of the weave after
different deformation rates and the microstructural changes in cold ring rolling. Using
experimental techniques, Feng Wang et al. [6] examined the microstructure evolution and
tempering transformation kinetics of M50 bearing steel during cold ring rolling and came
to insightful findings.

In the context of high-carbon bearing steels, it has become increasingly acknowledged
that cold deformation can induce damage or even microcracking within the material [9–11].
If the microcracks resulting from cold deformation are not entirely mitigated through heat
treatment and machining processes, they may lead to significant issues during service,
potentially serving as a critical factor in ring failure [12–15]. Current research on cold ring
rolling technology primarily focuses on macroflow behavior, stress–strain distribution,
and formability, often neglecting the meso- and microlevels. Therefore, this study of the
second phase and the matrix in the mesolevel change in cold rolling technology has great
importance for the bearing rolling process and the prevention of bearing cracks.

Multiscale approaches are widely used in the research of metallic and composite
materials as an important way to bridge macroscale and mesoscale processes. Piotr Ma-
cioł et al. [16] explored the potential for parallelizing multiscale models within the agile
multiscale methodology framework by integrating finite element method (FEM)-based
continuous macroscopic models with concurrently computed mesoscale models. Yutai
Su et al. [17] introduced a novel rapid method for generating representative volume el-
ements (RVEs) of randomly distributed metal matrix nanocomposites characterized by
quasi-continuous volume distributions, utilizing a combination of the Gaussian filtering
algorithm and cutting quantile functions, and they subsequently validated the accuracy of
their model. Lingwei Kong et al. [18] developed a new constitutive model that accounts
for the mesoscopic damage and plasticity mechanisms of quasi-brittle materials through
the coupling of micro-planes and micromechanics. Zhang et al. [19] proposed a multiscale
MCCPFEM framework to simulate microscale thermal interface grooving (TIG) welding
and mesoscale deformation anisotropy, effectively capturing and analyzing the interplay
between deformation anisotropy and TIG-induced tissue evolution during the isothermal
compression of the IMI834 alloy with lamellar clusters. For M50 bearing steel, multiscale
modeling can solve the problems of the accurate characterization of its microstructure,
controlling the morphology and distribution of cementite during the annealing process
as well as reducing the number of physical experiments and saving costs. Consequently,
multiscale analysis proves to be particularly valuable for investigating the connections
between macroscopic and mesoscale phenomena in the cold rolling process of M50 bearing
rings. However, there are still very few reports that specifically cover this subject.

The RVE is defined as a mesoscopic volume element within a macroscopic body of
material. Through the study of this element, the linkage between the macroscopic and
mesoscopic deformation mechanisms of the material is established. In metallic materials
represented by dual-phase steels, the method of establishing RVE models based on the
real microstructure of the material has matured, and the accuracy of the method has been
verified [20,21]. However, in metal matrix composites and in metallic materials, such

46



Materials 2025, 18, 77

as GCr15 and M50, where granular phases are present, conventional RVE modeling is
generally based on microscopic characterization statistics and stochastic algorithms [17,22].
Although this method is able to reflect the interaction of multiple meso-structures under
macro-deformation, it ignores the microstructural features of the material and does not pro-
vide a completely accurate description of the mesoscale changes in the material. Therefore,
an RVE model that accurately reflects the meso-structure of the second phase is needed in
the multiscale analysis of such materials.

This paper presented a multiscale approach to the investigation of the cold ring
rolling process. Firstly, a macro-finite element model of cold ring rolling was developed,
grounded in actual working conditions. Subsequently, a sub-model was employed to
facilitate the transfer of mechanical responses between the macroscale and mesoscale. Then,
utilizing image processing techniques, we established an RVE that accurately reflected the
mesoscopic changes. This framework enabled the multiscale numerical simulation of the
cold ring rolling process for M50 bearing steel, allowing for an in-depth examination of the
macro- and mesoflow behaviors associated with the cold ring rolling process.

2. Materials and Methods
2.1. M50 Bearing Steel

This research employed ring blanks made from commercially accessible M50 bearing
steel, with the chemical compositions of the initial material detailed in Table 1. The
microstructural characteristics of the bearing steel, examined using a scanning electron
microscope (SEM) (JSM-IT800(HL), Nippon Electronics Corporation, Tokyo, Japan) after
undergoing spheroidal annealing heat treatment, are depicted in Figure 1. In this figure,
the bright white regions represented cementite, whereas the other areas were classified
as ferrite.

Table 1. Chemical composition of M50 bearing steel (wt.%).

C Cr Mo V Ni Mn Si Fe

0.8 4.02 4.2 0.93 0.05 0.29 0.16 Bal.
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2.2. Macro-Finite Element Modelling

In this study, the commercial finite element software ABAQUS (ABAQUS 614) was
employed to develop a macrocold rolling finite element model of the M50 bearing ring,
as shown in Figure 2. The model components, including the driven roller, mandrel roller,
ring blank, and guide roller, were constructed based on parameters derived from actual
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working conditions, as detailed in Table 2. However, the stiffness of the mold is often much
larger than the stiffness of the ring material, so the mold was generally set as a rigid body
in the simulation. The driven roller was constrained to rotate solely around the z-axis,
while the mandrel roller was permitted to rotate under applied forces and translate in the
negative direction of the x-axis. The guide rollers were capable of translation within the
XOY plane and rotation around the z-axis. The friction coefficient between the driven roller,
mandrel roller, and ring was set to 0.3, whereas the interface between the guide roller and
the ring was assumed to be smooth. For the ring blank, a mesh size of 0.5 mm was utilized,
employing an eight-node linear hexahedron (C3D8R) mesh type, which incorporates linear
interpolation and selective reduced integration. In addition, the Arbitrary Lagrangian–
Eulerian (ALE) adaptive mesh technique is applied to the ring components to automatically
adjust the coarseness and refinement of the mesh to achieve more accurate results and
higher computational efficiency. As for the mold, no meshing is required for it, as it is set
as a rigid body.
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Table 2. M50 bearing ring cold rolling parameters.

Parameter Value

Blank size/(mm ×mm ×mm) Φ41 × 29 × 10
Ring size/(mm ×mm ×mm) Φ55 × 45 × 10

Depth of groove ball pressing in/mm 2
Driven roller radius/mm 25

Rotate speed of driven roller/rad·s−1 6.3
Mandrel roller radius/mm 10

Feeding speed of mandrel roller/mm·s−1 2
Guide roller radius/mm 10

2.3. Meso-Finite Element Modelling

This paper presented an RVE model derived from the actual microstructure of the
material, which effectively reflected the meso-structure of cementite and provided a more
accurate representation of the correlations involved. Figure 3 shows the schematic diagram
for constructing the RVE model. The SEM image of M50 bearing steel was systematically
processed using digital image processing (DIP) techniques at the pixel level to differentiate
the matrix from the second phase and to compile the pixel point information matrix.
Each pixel point was treated as an element with a size of 0.005 µm, thereby establishing
a connection between elements and nodes. To distinguish the matrix from the second
phase, separate sets were created, and the RVE model that corresponded to the actual
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microstructure was developed and formatted as an input file. Finally, the generated input
file was imported into ABAQUS software to create the corresponding model.
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Figure 3. The schematic diagram for constructing the RVE model.

To ensure the accuracy of the RVE model, it is essential to obtain single-phase stress–
strain curves for M50 bearing steel, specifically for the ferrite and cementite phases. The
mechanical properties of ferrite can be determined through nanoindentation experiments
and inverse analyses of the load–displacement curves [23–26]. In contrast, cementite
is typically regarded as an elastic or brittle material due to its minimal or negligible
deformation during the loading process [27,28]. The mechanical parameters of ferrite
were derived using the method established by Oliver and Pharr [29]. A commercial
indenter (TI980 (NULL, Hangzhou, China)) with a Berkovich-type diamond (1140 GPa
modulus, 0.07 Poisson’s ratio) was used in nanoindentation experiments to produce load–
displacement (P-H) curves. The indenter had a radius of 50 nm, an inclination angle of 65.3◦,
and an indentation depth of 150 nm. The stress–strain curves for the ferrite single phase
were calculated from the experimental load–depth data. Subsequently, a three-dimensional
finite element model of the nanoindentation process was established in accordance with
the experimental conditions, as illustrated in Figure 4. In this model, the indenter was
represented as a three-dimensional discrete rigid body, constrained to move−150 nm along
the z-axis. The base’s lower end, which was assigned the single-phase parameters obtained
from the aforementioned calculations, was fixed in place. Mesh refinement was conducted
in the contact region, utilizing a refined mesh size of 100 nm and employing the C3D8R
element type. Finally, a comparison was made between the P-H curves obtained from both
experimental and simulation data to ascertain the stress–strain curve of the ferrite phase.
Detailed results are presented in Section 3.2.
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Figure 4. Three-dimensional finite element modeling of nanoindentation.

Following the construction of the RVE model, it is imperative to verify the model’s
reliability. Ma, S. M. [30,31], Zhao, K. [32], and colleagues assessed the validity of the
RVE model by applying a unidirectional tensile boundary condition and analyzing the
discrepancies between the resulting stress–strain curve and the macroscopic tensile curve.
As illustrated in Figure 5, symmetry boundary conditions were applied to the left node of
the RVE model, while displacement variations were introduced on the right side. The stress–
strain curves were computed using a first-order homogenization strategy, after which these
curves were compared to the macroscopic tensile curves to ascertain the model’s reliability.
Detailed results are presented in Section 3.2.
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sub-model as the driving conditions. Specifically, the three-dimensional strain was de-
composed into a radial–axial strain and a radial–circumferential strain; the change in the 
RVE in the radial–axial direction was mainly observed, and the change in the radial–cir-
cumferential direction was used to support the illustration. The strains ε11, ε12, and ε22 
in the radial–axial and radial–circumferential directions, transmitted by the sub-model, 
were applied as loads to the RVE model, individually. The selection of the RVE model 
was predicated on an analysis of the images captured under SEM in the preceding period, 
thereby facilitating the acquisition of the composition and distribution characteristics of 
the material’s secondary phase. Subsequently, a representative image was selected from 
the existing array of images to serve as the foundation for developing the RVE model. A 
4-node bilinear plane strain quadrilateral element was selected for the mesh type to 

Figure 5. Schematic view of the RVE unidirectional stretching condition.

After verifying the reliability of the RVE model under tensile conditions, a multiscale
numerical simulation of the cold rolling process for the ring can be conducted. The
multiscale finite element modeling is shown in Figure 6. The sub-model was utilized
to extract and refine the macroscopic element individually and to establish links between
macroscopic and mesoscale elements. The mesoscale model utilized the element strains
from the sub-model as the driving conditions. Specifically, the three-dimensional strain
was decomposed into a radial–axial strain and a radial–circumferential strain; the change
in the RVE in the radial–axial direction was mainly observed, and the change in the radial–
circumferential direction was used to support the illustration. The strains ε11, ε12, and
ε22 in the radial–axial and radial–circumferential directions, transmitted by the sub-model,
were applied as loads to the RVE model, individually. The selection of the RVE model
was predicated on an analysis of the images captured under SEM in the preceding period,
thereby facilitating the acquisition of the composition and distribution characteristics of
the material’s secondary phase. Subsequently, a representative image was selected from
the existing array of images to serve as the foundation for developing the RVE model.
A 4-node bilinear plane strain quadrilateral element was selected for the mesh type to
effectively simulate the plane stress state. Constraints were implemented to connect the
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nodes at the edges of the RVE to a reference point, facilitating the application of loads. The
establishment of periodic boundary conditions (PBCs) allowed the RVE model to maintain
consistent deformation states for the upper and lower elements, as well as the left and right
elements, thereby enabling the simulation of the material’s actual flow behavior. Python
software (Python 3.10) was used to carry out batch operations on the input files for all of
the previously listed procedures. Furthermore, the locations of the cementite, as indicated
in the figure, were selected for subsequent flow analyses.
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Figure 6. Multiscale finite element model.

3. Results and Discussion
3.1. Macroscopic Flow Behavior Analysis of M50 Cold-Rolled Bearing Rings

Figure 7 presents the schematic view illustrating the macrocold rolling deformation
results of the M50 bearing ring. Specifically, Figure 7a depicts the axial view of the forging
at the end of the rolling process, and a quarter of the ring was intercepted for display.
Figure 7b illustrates the stress distribution at the same time period as well as the partial
magnification at the raceway. Table 3 provides a comparison of the simulated and expected
dimensions of the forging post-rolling. Analysis of Figure 7a and Table 3 indicates that
the roundness of the forging at the end of the rolling process is satisfactory, with minimal
discrepancies between the simulation results and the anticipated dimensions. Comparing
the expected dimensions to the highest outer direction (OD) error, the difference is only
0.375%. The inner diameter (ID) inaccuracy can be as much as 0.32%. There is just a 0.5%
maximum inaccuracy in the ring thickness. Furthermore, as evidenced in Figure 7b, the
stress distribution across the ring component at the conclusion of the rolling process was
found to be uniform. The minimum stress values were observed at the upper and lower
end surfaces of the ring, whereas the maximum stress values were noted sporadically at the
outer surface of the ring and the raceway, with negligible evidence of stress concentration.
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the emergence of the PEEQ, primarily on the outer surface of the ring and at the raceway. 
As the mandrel roll advanced, it established full contact with the inner surface of the ring, 
resulting in variations in the PEEQ on both the outer surface and the entire inner surface 
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acterized by a non-uniform pattern, exhibiting a gradual transition from lower to higher 
strain values and moving from the middle thickness region towards the surface region. 
The maximum PEEQ was observed at the raceway on the inner surface of the ring, while 
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Figure 9 illustrates the trajectory of pickup points utilized for the analysis of the 
PEEQ at the end of the rolling process. This analysis encompassed the axial selection of 
locations at the upper-end face, the mid-height region, and the lower-end face of the ring, 
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Figure 7. Schematic view of macrocold rolling deformation results of the M50 bearing ring. (a) Axial
view of the forging at the end of rolling; (b) stress distribution of the ring.

Table 3. Finite element simulation dimensions of the forging at the end of rolling and expected
dimensions.

Parameters Simulation Size (mm) Expected Size (mm) Difference (%)

OD 54.794~54.915 55 −0.375~−0.015
ID 44.856~44.949 45 −0.032~−0.013

Thickness 4.975~4.996 5 −0.5~−0.008

Figure 8 illustrates the equivalent plastic strain (PEEQ) distribution during the cold
rolling of the ring. During the initial phase of rolling, the ring was clearly subject to forces
from the driven roll as well as the convex mold of the mandrel roll. This interaction led to
the emergence of the PEEQ, primarily on the outer surface of the ring and at the raceway.
As the mandrel roll advanced, it established full contact with the inner surface of the
ring, resulting in variations in the PEEQ on both the outer surface and the entire inner
surface of the ring, which subsequently extended into the intermediate thickness region.
By the conclusion of the rolling process, the distribution of the PEEQ within the ring was
characterized by a non-uniform pattern, exhibiting a gradual transition from lower to
higher strain values and moving from the middle thickness region towards the surface
region. The maximum PEEQ was observed at the raceway on the inner surface of the ring,
while the minimum PEEQ was found in the middle region of the upper-end face of the ring.
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Figure 8. Distribution of the PEEQ during the cold rolling of the ring.

Figure 9 illustrates the trajectory of pickup points utilized for the analysis of the PEEQ
at the end of the rolling process. This analysis encompassed the axial selection of locations
at the upper-end face, the mid-height region, and the lower-end face of the ring, as well as
the radial selection of positions at the outer surface, the mid-thickness region, and the inner
surface of the ring. The variation curves of the PEEQ for the aforementioned locations are
presented in Figure 10. It was observed that the PEEQ at each position on the ring followed
a descending order. The raceway of the inner surface exhibits the highest strain, followed
by the outer surface and then the intermediate thickness region. Additionally, compared to
the top and lower-end face sections, the PEEQ in the ring’s mid-height zone was higher. In
the radial direction, the disparity in diameter between the driven roll and the mandrel roll
resulted in a varying PEEQ on the inner and outer surfaces of the ring. In the axial direction,
the presence of a closed hole pattern, along with the symmetry of the mandrel roller at
the top and bottom, led to a PEEQ that was symmetrical about the mid-height. Notably,
the PEEQ at the raceways on the inner surface was significantly greater than observed at
other locations.
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Figure 10. Distribution of the PEEQ after rolling. (a) Axial distribution; (b) radial distribution.

At the conclusion of the rolling process, the radial deformation of the ring serves
as an indicator of the extent of deformation experienced by the ring, which is crucial for
directing the rolling operation. Figure 11a illustrates the radial–axial cross-section of the
ring component both prior to and following the rolling process. The radial deformation at
each position at the end of rolling was determined based on the radial dimensions of the
ring, with the calculation formula provided in Equation (1).

∆ =
|B− B0|

B0
× 100% (1)

where ∆ is the radial deformation, B0 is the ring thickness before rolling, and B is the ring
thickness after rolling.

Figure 11b presents the curve depicting the variation in radial deformation of the
ring subsequent to the rolling process. It was apparent that the radial deformations of the
ring displayed considerable disparities due to the influence of the raceway; nonetheless,
these deformations maintained a symmetrical profile along the central height region, a
characteristic attributed to the design of the closed hole pattern. The radial deformation
exhibited a gradual decline from the raceway towards both lateral extremities of the ring.
The peak deformation was noted at the mid-height of the ring, reaching a maximum of
49%, whereas the minimum deformation was observed at the end face of the ring, recorded
at 17%.
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To accurately depict the progression of the PEEQ at various feature locations on
the ring during the rolling process, nine feature elements were identified, as shown in
Figure 12a, corresponding to points A through I. Figure 12b illustrates the changes in the
PEEQ for each feature element throughout the rolling process. It was apparent that due to
the presence of a reserved gap, no PEEQ was observed at the initiation of the rolling process.
As the mandrel roller progressed, the PEEQ in each section of the ring exhibited a stepwise
increase, primarily resulting from the continuous movement of the plastic deformation
zone within the ring. Upon the ring’s entry into the radial hole pattern, substantial plastic
deformation occurred, as evidenced by the ascending steps of deformation depicted in the
figure. In contrast, minimal plastic deformation was noted when the ring exited the hole
pattern, which corresponded to the horizontal phase of the effect transformation illustrated
in the figure. Additionally, the PEEQ gradient curves revealed that at the conclusion of
the rolling process, the PEEQ was maximized at the raceway (corresponding to points F
and I in the figure) and minimized at the mid-thickness zone of the upper-end face and the
non-raceway zone (corresponding to points B and C in the figure).
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3.2. Mesoscopic Flow Behavior Analysis of M50 Cold-Rolled Bearing Rings 

In this investigation, the stress–strain curve of ferrite in M50 bearing steel was estab-
lished through the application of the nanoindentation experimental inversion technique. 
Figure 13a displays the indentation map generated from the nanoindentation experiment. 
As can be seen in the figure, due to the random nature of the indentation, not all of them 
are pressed on ferrite (dark gray area in the figure); they are also on cementite (bright gray 
area in the figure) or at the junction of the two phases. Moreover, each indentation was 
separated by a distance of at least 8 µm [33] in order to avoid mutual influence between 
the indentations. Figure 13b depicts the results of the finite element simulation corre-
sponding to the nanoindentation process. Furthermore, Figure 13c provides a comparison 
between the load–displacement curves obtained from the simulation and those derived 
from experimental data. The findings revealed that the simulation curve demonstrated a 
comparable trend to the experimental curves and corresponded with the experimental 
load at an indentation depth of 150 nm. Consequently, it can be inferred that the stress–
strain curves of ferrite in M50 bearing steel, as determined by the power law model, were 
fundamentally accurate. In order to ascertain whether the curve predictions met the 
benchmark requirements, we proposed the concept of goodness of fit, which is now 
widely used to assess the accuracy of simulation results. The specific method and equation 
are as follows. The goodness of fit of the simulated or experimental curves to the experi-
mental mean curve was first calculated. Then, the results were compared. The specific 
results are displayed in the figure. The calculated goodness of fit of the simulated curve 
to the average curve was the largest (0.998), which exceeded the goodness of fit of the 
other experimental curves, providing substantial evidence for the accuracy of the curves. 
However, the plastic and elastic work generated by the indenter cannot be well illustrated 
by simulation due to the different paths of loading and unloading. Therefore, only the 
loading process was simulated in this paper. For additional information, please consult 
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Figure 12. PEEQ curve of the ring. (a) Element selection position; (b) PEEQ gradient change curves.

3.2. Mesoscopic Flow Behavior Analysis of M50 Cold-Rolled Bearing Rings

In this investigation, the stress–strain curve of ferrite in M50 bearing steel was estab-
lished through the application of the nanoindentation experimental inversion technique.
Figure 13a displays the indentation map generated from the nanoindentation experiment.
As can be seen in the figure, due to the random nature of the indentation, not all of them
are pressed on ferrite (dark gray area in the figure); they are also on cementite (bright gray
area in the figure) or at the junction of the two phases. Moreover, each indentation was
separated by a distance of at least 8 µm [33] in order to avoid mutual influence between
the indentations. Figure 13b depicts the results of the finite element simulation corre-
sponding to the nanoindentation process. Furthermore, Figure 13c provides a comparison
between the load–displacement curves obtained from the simulation and those derived
from experimental data. The findings revealed that the simulation curve demonstrated a
comparable trend to the experimental curves and corresponded with the experimental load
at an indentation depth of 150 nm. Consequently, it can be inferred that the stress–strain
curves of ferrite in M50 bearing steel, as determined by the power law model, were funda-
mentally accurate. In order to ascertain whether the curve predictions met the benchmark
requirements, we proposed the concept of goodness of fit, which is now widely used to
assess the accuracy of simulation results. The specific method and equation are as follows.
The goodness of fit of the simulated or experimental curves to the experimental mean curve
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was first calculated. Then, the results were compared. The specific results are displayed in
the figure. The calculated goodness of fit of the simulated curve to the average curve was
the largest (0.998), which exceeded the goodness of fit of the other experimental curves,
providing substantial evidence for the accuracy of the curves. However, the plastic and
elastic work generated by the indenter cannot be well illustrated by simulation due to
the different paths of loading and unloading. Therefore, only the loading process was
simulated in this paper. For additional information, please consult Equation (3).

Ri
2 = 1− ∑(y− ŷi)

2

∑ (y− y)2 (2)

where R2
i is the goodness of fit of the experimental or simulation curve relative to the

experimental mean curve, i = 1~6. When i = 1~5, it is five sets of experimental curves.
When i = 6, it is the simulation curve. y is the load value of the experimental mean curve,
ŷi is the load value of the experimental or simulation curve, and y is the mean value of the
load of the experimental mean curve.

σ =

{
E · ε, σ < σp

R · εn
p, σ ≥ σp

(3)

where the modulus of elasticity is 205 GPa, the yield strength is 376.5 MPa, the hardening
coefficient R is 1155.75, and the hardening index n is 0.178.

As noted by Bhadeshia [34], the modulus of elasticity for cementite was reported
to be 230 GPa, with a Poisson’s ratio of 0.3. The stress–strain behavior of cementite
can be characterized by a non-linear equivalent stress–strain relationship, which was
mathematically represented in an exponential form, as delineated in Equation (4) below.

σp = σ0
p + (σ1

p − σ0
p)(1− exp

− Eθ
σ1

p−σ0
p

εnl
) (4)

where σ0
p can be taken as the yield strength of the steel, which is 444.52 MPa, as seen in

Figure 14b. According to the simulations of the cementite by Hu et al. [35], σ1
p is 5.2 GPa,

εnl is the inelastic strain, and σp is the equivalent stress in the cementite. The ultimate
stress–strain curve for ferrite and cementite is depicted in Figure 14a. Figure 14b provides
a comparative analysis of the curves obtained from unidirectional stretching conditions
applied to the RVE alongside the corresponding experimental curves. As illustrated, there
was a notable degree of overlap between the two sets of curves, which served to validate
the efficacy of the RVE model utilized in this research.
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Figures 15 and 16 illustrate the mesoscale stress–strain distribution corresponding
to various positions on the M50 cold-rolled bearing ring, specifically aligned with the
nine locations identified in Figure 12. As depicted in Figure 15, significant disparities
in stress distribution between the ferrite and cementite phases were noted. The highest
concentration of stress was observed at the interface of these two phases, which may
facilitate the development of micropores and microcracks within the material matrix during
the rolling deformation process [36]. According to Figure 16, deformation first happened in
the ferrite close to the cementite–ferrite interface, and its rate increased as the distance from
the cementite decreased. The ferrite farther away from this interaction was then affected
by the deformation. Most of the plastic strains were found in the ferrite, specifically in the
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area with the highest strain, which was mostly found in the ferrite matrix between two
neighboring cementite particles. This area was likely to encounter significant challenges
related to deformation coordination. Additionally, the degree of RVE deformation at each
feature location showed variability, as shown in Figures 15 and 16. The RVE’s deformation
was greater in the ring’s middle thickness region than it was at the upper-end face. The
radial height of both areas is the same. This observation aligns with observations made at
the macroscopic level. Additionally, the deformation of the RVE in the inner surface region
of the ring at the same axial height was more pronounced than that at the outer surface,
with the maximum radial deformation of the RVE consistently occurring at the raceway.
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The average PEEQ variation curves for ferrite in the RVE at various places (A~I) of the
M50 bearing ring are displayed in Figure 17. The deformation results at the end of rolling
were basically consistent with the macro-PEEQ curves. The PEEQ at each location was
practically zero because the ferrite was still in the elastic deformation stage at the beginning
of the rolling process. As the rolling process continued, the soft ferrite phase began to
gradually experience plastic deformation. However, the average strain of ferrite in the
entire RVE varies due to the various strains applied to each RVE. After rolling, the ring’s
upper surface position had the highest radial average strain of the outer surface element,
while the other locations had the highest average PEEQ of the inner surface element. The
medium thickness area element showed the lowest average strain in all positions. The
reason why the upper surface position appeared different from the others could be that
the material flow caused the area to not fit the mandrel roll entirely, which decreased the
amount of rolling force delivered to the area and, as a result, the degree of deformation.
Axial patterns were observed on the outer surfaces (A, D, G) and middle thickness (B, E,
H), with the PEEQ decreasing as the distance from the ring’s center increased. On the
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inner surface of the ring element, the strain was highest at F and the lowest at C. The F
spot was situated at the raceway’s edge, where the shear force was higher and a greater
shear deformation took place. This led to the conclusion that shear was another significant
element in the ring’s deformation.
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Based on the findings of the aforementioned analyses, the elements in the medium-
height region and those on the inner surface of the ring were chosen for investiga-
tion. Figure 18 shows the cementite flow curves and deformation of the RVE, where
Figure 18a,b,e show the axial elements of the ring and Figure 18c–e show the radial ele-
ments. As shown in the figure, the cementite essentially did not experience displacement
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changes at the beginning of the rolling process because the ferrite was still in the elastic
deformation stage. As rolling continued, the ferrite gradually experienced plastic defor-
mation and flowed. For axial and radial movement, the ferrite was wrapped around the
cementite. The RVE displayed a compressed state for the axial element, and the cementite
flowed radially in the direction of the RVE compression. Displacement was observed to
be maximal at the edge of the raceway and minimal at the upper surface of the ring. The
shear force exerted a considerable influence on the RVE in the axial direction, leading to a
specific angle of deflection and reduced stretching. The cementite at the upper-end face
and the edge of the raceway showed the flow trend along the deflection direction, whereas
the cementite in the middle of the raceway was subjected to the opposite shear force and
showed the opposite flow trend. All three had nearly identical axial displacements. The
flow behavior for axial and radial elements was similar in the radial direction. As the RVE
was subjected to shear forces in the same direction in the axial direction, the cementite
flowed in the shear direction. The inner surface and the middle width region showed
notable cementite displacements, whereas the outer surface showed only slight displace-
ments. This phenomenon can be attributed to the outer surface of the ring being subjected
to greater radial forces and lesser shear forces, which resulted in minimal changes in the
RVE in the axial direction. However, the RVE deformed more severely in the axial direction
at other places of the ring due to significant shear stresses.

Figure 19 shows the distribution and displacement change curves of the RVE in the
radial–circumferential direction for each of the above positions. As observed in the image,
similar to the radial–axial direction, the flow of cementite basically did not occur in the early
stages of ring rolling, and cementite was wrapped by ferrite for flow in the middle and late
stages of rolling. The axial elements (Figure 19a,b,e) experienced both circumferential and
radial forces. In the radial direction, the displacement of the cementite at the center of the
raceway was clearly the largest, but the displacement at other positions was relatively small.
The displacement of the cementite in the circumferential direction showed a tendency to
increase gradually from the upper-end surface of the ring to the center of the ring raceway.
This was because the ring’s circumferential flow increased with proximity to the raceway.
For the radial elements (Figure 19c–e), the cementite’s circumferential displacement showed
a tendency to gradually decrease from the inner and outer surfaces to the middle thickness
region of the ring, while its radial displacement showed a tendency to gradually increase
from the outer surface to the inner surface of the ring.
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3.3. Mechanisms of Macroscale and Mesoscale Flow Behavior Evolution

Figure 20 shows the mechanism of macroscopic and mesoscopic flow behavior during
cold rolling. It is clear that the cementite dispersion is irregular with the mandrel roll feed
during the ring rolling process. As seen in Figure 20a, the cementite displacement on the
inner surface of the ring is substantially larger than on the outer surface of the ring in the
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radial direction. In the axial direction, the cementite at the ring raceway exhibits a large
displacement because of the high shear force. Additionally, when the cementite advances
away from this region, its axial displacement reduces. As illustrated in Figure 20b, the
displacement of cementite on the inner surface of the ring is larger than that on the outer
surface in the radial direction in the radial–circumferential plane. In the circumferential
direction, the figure shows more cementite at the ring’s inner and outer surfaces than in
the middle region due to greater displacement at the surfaces. Some shapes are defined
in Figure 20c, where the circle indicates the position of the initial cementite, the red arrow
indicates the direction of displacement, and the length of the line segment indicates the
relative magnitude of the displacement distance. As shown in Figure 20c, the displacement of
the cementite shows a certain pattern. The flow of the cementite is most intense in the radial
direction in the raceway edge region, followed by the raceway center region, and finally, other
regions. And, at the middle height of the ring, the displacement of the cementite gradually
decreases from the inner surface to the outer surface. The displacement of cementite at the
ring’s middle height gradually decreases from the inner to the outer surface. However, on
the inner surface, the displacement remains essentially unchanged along the axial direction.
The circumferential variation of the cementite is shown by the fact that the cementite on the
inner and outer surfaces of the ring maintains approximately the same displacement, while
the cementite in the middle thickness region of the ring is less displaced.
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Figure 20. Mechanism of macro- and microflow behavior during the ring rolling process. (a) Radial–
axial direction; (b) radial–circumferential direction; (c) schematic of the flow behavior after rolling.
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This paper successfully combines macro- and mesoviews to reflect the flow trend of
cementite in the cold ring rolling process. The method is of great significance in guiding
the bearing-forming process. Through this method, the macroscopic rolling and forming
process can be designed so that different areas of the bearing can be pretreated differently
at the early stage of rolling or even at the stage of raw material acquisition. Then, the ideal
bearing properties can be obtained in the area through the rolling process so as to facilitate
the subsequent heat treatment process. Specifically, the initial material can be optimized
according to the stress and strain distribution. Through reasonable heat treatment of the
initial material, the stress concentration phenomenon in the cold ring rolling process can be
reduced, and the damage in the cold ring rolling process can be reduced or avoided. In
addition, this method is not only applicable to the cold ring rolling process of M50 bearing
steel but also to the forming process of other high-carbon steels.

4. Conclusions
This paper established a multiscale model from the macroscale to the mesoscale. Based

on the actual working conditions, a macroscopic cold-rolled three-dimensional finite ele-
ment model of the M50 bearing ring was established. The sub-model was applied to transfer
the response between macroscale and mesoscale. Based on the actual microstructure of the
material, the RVE model was developed and verified. Through nanoindentation studies,
the material’s single-phase characteristics were determined. A mesoscale finite element
model was finally developed. Analysis was performed on the cold ring rolling macroscale
and mesoscale flow characteristics of M50 bearing steel. This approach significantly lowers
the time and computational resources needed for direct full-scale modeling while preserv-
ing the capture of the high-precision results in crucial regions using the sub-modeling
technique to decouple the macroscopic and mesoscale computations. The conclusions of
this paper are as follows:

1. Through the macroscopic cold ring rolling three-dimensional finite element simulation,
it was found that the stress distribution was relatively uniform. The PEEQ showed
a stepwise growth. In the axial direction, the PEEQ showed a trend of high in the
middle and low on both sides, and in the radial direction, it showed a trend of high in
the middle of the two ends. The maximum PEEQ appeared in the raceway.

2. The mesoscopic simulation revealed that the stress was concentrated in the cementite,
and the maximum stress occurred at the junction of the two phases. The greatest
strain was found in the ferrite matrix positioned between the two adjacent cementites,
while the strain first appeared in the matrix at the cementite–ferrite junction.

3. The cementite flew with the deformation of the matrix. The radial displacement of
the cementite decreased from the edge of the raceway to both ends and decreased
from the inner to the outer surface. Its axial displacement was basically the same
on the inner surface of the ring and decreased from the inner to the outer surface.
Its circumferential displacement decreased from the inner and outer surfaces to the
intermediate thickness region.
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joanna.kulasa@imn.lukasiewicz.gov.pl (J.K.); anna.brudny@imn.lukasiewicz.gov.pl (A.B.)

* Correspondence: maciej.suliga@pcz.pl; Tel.: +48-343250786

Abstract: This paper presents a wear analysis of tungsten carbide drawing dies in the process of steel
wire drawing. The finite element method (FEM) analysis showed a significant correlation between
drawing die geometry, single reduction size and drawing speed on the rate of drawing die wear. It
has been shown that in steel wire drawing at higher drawing speeds, intense heating of the drawing
die occurs due to friction at the wire/drawing die interface, leading to premature wear. Tribological
tests on the material for the drawing die cores (94%WC+6%Co) confirmed the gradual abrasion of
the steel and carbide sample surfaces with the “products” of abrasion sticking to their surfaces. The
increase in temperature increases the coefficient of friction, translating into accelerated wear of the
drawing dies.

Keywords: wire drawing; steel; die wear; FEM; tungsten carbide; tribology; friction

1. Introduction

The drawing die is the basic tool of the drawing process, and it has a decisive influence
on the process parameters and the properties of the steel wires [1,2]. Cemented carbides,
synthetic diamonds, and cemented carbides with a ceramic coating are used to manufacture
drawing dies [3–5]. Currently, millions of tons of wire and wire products (ropes, springs,
screws, anchors, nails, fasteners, etc.) are produced in the world every year using the
drawing method. These products are used in many branches of the economy (including
construction, machine industry, and mining).

Drawing technology is the determining factor for using a particular type of drawing
dies. The drawing die is built with a steel casing to protect the drawing die core from
mechanical damage. In steel wire wet drawing, drawing dies with tungsten carbide or
diamond inserts are used, while special ceramic coatings are also applied to the tungsten
carbide surfaces to increase their durability. On the other hand, in dry wire drawing, with
wire diameters over 1 mm, tungsten carbide inserts are usually used for financial reasons.
Drawing dies used in wire manufacturing are also classified according to the shape of the
drawing part, i.e., concave, convex sigmoid, curved and conical dies. Drawing dies can
also be divided according to the drawing method, i.e., conventional, hydrodynamic [6,7],
and roller dies [8,9]. Hence, when designing the drawing process, a specific type of
drawing die is selected based on the surface treatment of the wire (mechanical descaling,
pickling) [10–12], the application of lubricant layers, the type of wire drawing machine (dry
drawing, wet drawing), the wire diameter, and the number of draws [13–15].

Depending on the type of drawing die, its lifespan varies from a few to more than
100 tonnes of processed material. The most common type of drawing die in the wire
industry is the conical die, which consists of a steel casing and a tungsten carbide core.
High pressures in the contact area between the material and the drawing die cause the
drawing die to wear, cracks on its surface, and changes in geometry. The wear rate of
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drawing dies depends largely on the drawing technology. The basic parameters of the
drawing process are drawing geometry, distribution of single and total reduction, degree
of wire strengthening, steel grade, lubrication conditions [16,17], and drawing speed [18].
The drawing speed is one of the main factors that can affect the wear rate of drawing dies.
In multi-stage drawing, an increase in drawing speed generates a large amount of heat at
the wire/drawing die interface, leading to a significant rise in temperature, which, on the
one hand, contributes to a deterioration in lubrication conditions and an increase in friction
and, on the other hand, reduces the wear resistance of the carbide. Hence, in industrial
practice, drawing die wear is common after drawing 1 tonne of wire.

Today, an experimental approach can be used to analyse the wear of drawing dies by
measuring the wear and the change in geometry of the drawing dies after the drawing
process depending on the amount of material drawn and the drawing conditions [19,20],
tribological studies of the materials used for drawing dies and computer simulations
of the drawing process (FEM) [21–25]. The design of metal forming tools is a complex,
time-consuming, and resource-intensive issue. Hence, the combined experimental and
numerical analysis methods are currently used for optimisation.

This paper presents an analysis of the influence of drawing process parameters, i.e.,
drawing speed and angle, single reduction size, on wire heating, stress distribution and
drawing die wear. On the other hand, tribological studies made it possible to determine the
relationship between temperature and the friction coefficient and wear of the steel/carbide
friction pair.

2. Materials and Methods
2.1. Computer Simulations of the Wire Drawing Process

The study involved numerical modelling of the wire drawing process using the Simu-
fact 2023.2 commercial computer program (Hexagon, Hamburg, Germany). The program
uses the finite element method to solve the computational problem. The wire drawing
process was axisymmetric in a plane deformation condition. A total of 3600 flat tetrahedral
elements with an average mesh edge size of 0.15 mm were used for the calculations.

The MARC solver developed based on the displacement method was used for the
calculations. The MARC methodology is based on the stiffness of the system and is based
on the force–displacement relationship (1):

K · u = f (1)

where K is the system stiffness matrix, u is the nodal displacement and f is the force vector.
Once the displacement vector u is determined, the deformations in each element can

be calculated based on the displacement (2):

εel = β · uel (2)

The stress in an element is determined based on the stress–deformation relationship (3):

σel = L · εel (3)

where σel is the stress and εel is the deformation in the elements, and uel is the displace-
ment vector associated with the element nodal points; and β and L are the deformation–
displacement and stress–deformation relations, respectively.

The hardening curve taken from the Simulfact 2023.2 program database, equation
σ
(
ε,

.
ε, T
)

(4), was used to simulate the drawing.

σ = C1 · e(C2·T) · ε(n1·T+n2) · e(
l1 ·T+l2

ε ) · .
ε
(m1·T+m2) (4)

where T—temperature, ε—true strain, and
.
ε—strain rate.
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The model adopts an elastic–plastic model of the deformed body (wire), while rigid
models with the possibility of calculating heat distribution were adopted for the insert,
insert housing, and water (Figure 1).
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Figure 1. The drawing process tools.

Determining the wear of the drawing die insert during the drawing process requires
the determination of the working conditions of the drawing die as well as the conditions
prevailing on the drawing die surface in the area of the crushing cone and the calibrating
part.

The following initial parameters and boundary conditions were adopted for the
numerical modelling:

- Initial temperature: water 20 ◦C, drawing die housing 20 ◦C, insert 20 ◦C, wire 100 ◦C;
- Thermal conductivity coefficient: wire insert: 1000 W/(m2-K); housing insert:

20,000 W/(m2-K); housing water: 10,000 W/(m2-K);
- Friction coefficient: 0.07;
- C45 steel properties, Table 1.

Table 1. Yield stress function coefficients (4) for C45 steel/MPa.

Coefficient Values

C1 C2 m1 m2 l1 l2 n1 n2

692.2 −0.00064 0.000028 0.000709 −0.0000473 −0.01224 −0.00031 0.162026
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For the numerical modelling, it was necessary to determine the remaining physical–
mechanical properties of the material:

- Young’s modulus of C45 steel—temperature-dependent;
- Poisson’s number of C45 steel: 0.283;
- Thermal conductivity of C45 steel: temperature-dependent;
- The dependence of K10 carbide hardness on temperature was taken from the pa-

per [26];
- Carbide thermal conductivity: 80 W/(m·K);
- Carbide heat capacity: 0.2 J/(g·K);
- Carbide density: 14,700 kg/m3.

The purpose of the numerical calculatons was to determine the temperature distribu-
tion in a drawing set consisting of a tungsten carbide insert and a C45 steel housing, which
is cooled with water on the side of the cylindrical surface. A constant water temperature,
20 ◦C, was assumed in the calculations due to its circulation in the cooling system. The
drawing speed was assumed to be 5 m/s. As a result of the performed modelling, the
temperature distribution in the elements of the wire drawing set with an initial diameter of
5.35 mm to a diameter of 5.0 mm was obtained. The drawing process was carried out for
a wire length of 10 m and process time of 2 s. Numerical calculations made it possible to
determine the temperature distribution in the drawing die and the tool heating rate as a
function of drawing time; see Figures 2–4.
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Figure 4. Maximum temperature of steel casing after drawing 10 m of wire.

Based on the numerical modelling results shown in Figure 3, a clear increase in
temperature on the working surface of the drawing die insert is noticeable. In the area
0.06 mm from the working surface of the drawing die, the temperature reaches a value
from 950 to 1100 ◦C. The temperature settles within 1 s and does not increase further
in the process. The heat is dissipated through the insert and transferred to the drawing
die housing. The drawing die housing is heated by the insert and cooled by water at
the same time. Figures 3 and 4 show the temperature rise of the housing. The curve in
Figure 4 represents the increase in temperature of the housing up to 2 s of the process.
The insert heating curve up to 2 s was extrapolated based on the data. The extrapolation
shows that the housing should reach thermal equilibrium at 208 ◦C within a further 1.4 s.
The exact determination of the temperature equilibrium requires further time-consuming
calculations. Based on the obtained temperature distribution, it was possible to determine
the unit work of friction forces, which makes it possible to determine the quantitative wear
of the drawing die. The precise determination of quantitative wear requires determining
the wear coefficient. The data shown in Figure 5 are the result of calculations using the
Archard model, which describes the abrasive wear of surfaces with a significant difference
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in speed between the surfaces in contact. That model can be expressed by Equation (5),
which is described in the integral form used to solve an FEM-based algorithm.

wear = kzn

∫ t

0

σnvs

H(T)
dt, [mm] (5)

where vs—tangential sliding velocity of the metal on the tool surface, σn—normal stresses,
t—time, H(T)—tool hardness at a specified temperature, and kzn—tool wear coefficient.
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Figure 5. Drawing die wear after drawing 10 m of wire.

Preliminary computer simulations have shown that for a correct representation of the
drawing process and the influence of drawing technology (e.g., single and total reduction
distributions, tool geometry, drawing speed) on the drawing process and tool wear, it is
necessary to assume higher initial tool and material temperatures of 500 ◦C and 50 ◦C,
respectively. Simulations of wire drawing in a single sequence with the application of
different values of a single reduction (Gp = 5.4; 17.4; 25.4; 33.1%) were performed for two
drawing speeds of 1 and 5 m/s. The drawing process was carried out using drawing dies
with angles 2α = 6◦, 10◦, and 14◦.

2.2. Tribological Tests

Tribological tests were carried out as part of this study to determine the influence of
temperature on friction conditions and wear of tungsten carbide. Tribological tests were
conducted in dry conditions without lubrication. A high-temperature CSM tribometer
operating in the Pin–Ball-on-Disk system was used to assess carbide wear (Anton Paar
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GmbH’s, Graz, Austria). It enables the measurement of tribological properties in the range
from ambient temperature to 1000 ◦C. In the industry, the most commonly used carbide for
the manufacture of drawing dies is grade K10 carbide (94%WC+6%Co) [1]. It is used in
the drawing of steel wires with carbon content ranging from 0.08%C (low-carbon steel) to
0.9%C (high-carbon steel). Hence, steel samples of grade C45 (the same steel grade as in the
computer simulations—Section 2.1) were prepared for tribological testing. The performed
carbide abrasive wear tests in a sense reproduce the actual drawing process, during which
the wire passing through the drawing die causes its heating and gradual wear. Table 2
presents the parameters of the tribological tests.

Table 2. Tribological test parameters.

Parameter Variant I Variant II Variant III Variant IV

Counter-sample WC
Sampling frequency 60 Hz
Abrasion radius 3 mm
Load 20 N
Linear velocity 50 cm/s
Friction path 13,000 m
Time 26,000 s
Process temperature ambient 200 ◦C 400 ◦C 600 ◦C

Microscopic analyses were carried out using an Olympus GX41 light microscope
(Olympus, Tokyo, Japan), a VHX-7000 digital microscope and a scanning electron micro-
scope (SEM). Chemical composition was analysed using scanning electron microscopy
SEM+EDS (JEOL Ltd., Tokyo, Japan).

Surface roughness was assessed using a VHX microscope with a Gaussian filter.
Based on the performed tests, the following parameters were determined: Sa (arithmetic
mean height), Sz (maximum height), Sp (height of highest elevation), Sv (depth of lowest
indentation), and Sq (mean squared height).

3. Results
3.1. Numerical Analysis of the Drawing Process

Temperature is the main parameter influencing the wear rate of drawing dies in the
drawing process. The performed computer simulations made it possible to determine the
correlation between the single reduction size, the drawing die angle, the drawing speed,
and the temperature of the drawing dies and wire in contact zone; see Figure 6.

The wire and drawing die temperatures depend on the amount of generated heat. In
the drawing process, the source of heat is the work of deformation and the work of friction
forces. Based on Figure 6, it can be noticed that the temperature of the drawing die increases
with an increase in single reduction, it reaches a maximum value, and then it decreases
slightly. However, in the case of wire, there is a continuous increase in temperature over
the entire range of the discussed single reduction values. Another fundamental parameter
in the drawing process influencing the heating of wire and tools is the geometry of the
drawing dies. Computer simulations showed that increasing the drawing die angle from
6 to 14◦ resulted in an increase in the temperature of the drawing dies, while the wire
temperature decreased. The described phenomenon can be explained as follows. The
drawing angle influences the duration of contact of the wire and the drawing die; the
higher the angle value, the lower the friction forces resulting in the heating of the drawing
dies. At the same time, the contact duration of the wire and the drawing die decreases. In
such conditions, a larger amount of the generated heat is absorbed by the wire and a smaller
amount is absorbed by the drawing die. An additional factor causing heat accumulation
in the wire-drawing die tribological system is the drawing speed. Increasing the drawing
speed from 1 to 5 m/s resulted in a five-fold increase in deformation work per unit of
time. Section 2.1 shows that the drawing die is water-cooled during its operation, which
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increases the heat transfer from the tool. The drawing die housing is heated by the insert
and cooled by water at the same time. At a given drawing speed, which depends on the
reduction size, tool geometry and wire grade, the temperature of the drawing dies rises
sharply, as the heat flow generated by plastic deformation and friction significantly exceeds
the heat flow absorbed by the water cooling the drawing die housing. An approximately
five-fold increase in drawing speed results in an approximately two-fold increase in the
temperature of the drawing dies and wire. An increase in wire temperature has a negative
impact on the lubrication conditions, leading to even greater heating of the drawing dies
and, in extreme cases, to damage to the drawing die surface and premature wear.
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A parameter that significantly influences tool wear in metal-forming processes is unit
pressure. Figure 7 shows the distribution of unit pressure along the wire/tool contact area
in the crushing part of the drawing die for angles 2α = 6, 10, 14◦ (drawing from 5.5 to
4.5 mm).

Materials 2024, 17, x FOR PEER REVIEW 9 of 24 
 

 

angle from 6 to 14° resulted in an increase in the temperature of the drawing dies, while 
the wire temperature decreased. The described phenomenon can be explained as follows. 
The drawing angle influences the duration of contact of the wire and the drawing die; the 
higher the angle value, the lower the friction forces resulting in the heating of the drawing 
dies. At the same time, the contact duration of the wire and the drawing die decreases. In 
such conditions, a larger amount of the generated heat is absorbed by the wire and a 
smaller amount is absorbed by the drawing die. An additional factor causing heat accu-
mulation in the wire-drawing die tribological system is the drawing speed. Increasing the 
drawing speed from 1 to 5 m/s resulted in a five-fold increase in deformation work per 
unit of time. Section 2.1 shows that the drawing die is water-cooled during its operation, 
which increases the heat transfer from the tool. The drawing die housing is heated by the 
insert and cooled by water at the same time. At a given drawing speed, which depends on 
the reduction size, tool geometry and wire grade, the temperature of the drawing dies 
rises sharply, as the heat flow generated by plastic deformation and friction significantly 
exceeds the heat flow absorbed by the water cooling the drawing die housing. An approx-
imately five-fold increase in drawing speed results in an approximately two-fold increase 
in the temperature of the drawing dies and wire. An increase in wire temperature has a 
negative impact on the lubrication conditions, leading to even greater heating of the draw-
ing dies and, in extreme cases, to damage to the drawing die surface and premature wear. 

A parameter that significantly influences tool wear in metal-forming processes is unit 
pressure. Figure 7 shows the distribution of unit pressure along the wire/tool contact area 
in the crushing part of the drawing die for angles 2α = 6, 10, 14° (drawing from 5.5 to 4.5 
mm). 
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Figure 7. Distribution of unit pressure along the wire/tool contact area in the working part of the
drawing die, where 2α = 6◦, 10◦, 14◦.

Based on the data in Figure 7, it can be seen that the unit pressure is not a linear
function with the highest values at the wire entry into the drawing die and near the wire
transition from the crushing part of the drawing die to the calibrating part. Increasing
the angle of the drawing die from 6◦ to 14◦ increased the unit pressure, depending on the
location, by approximately 50%, on average. The unit pressure influences the rate of tool
wear. Thus, it can be assumed that a large increase in the pressure in the drawing die will
result in its accelerated wear and, in extreme cases, even its damage. Comparing Figures 6
and 7, a certain correlation can be observed. An increase in the drawing angle results in a
decrease in the temperature of the wire with a simultaneous increase in the unit pressure. A
large drawing angle means lower friction (reduced contact between the rubbing surfaces),
decrease in wire temperature and a simultaneous increase in deformation resistance and
unit pressure. Depending on which parameter is decisive, the applied particular drawing
die and single reduction geometry may result in an increase or decrease in drawing die wear.
Therefore, the wear rate of drawing dies after drawing 10,000 kg of wire was determined in
the study, and the calculation results are presented in Figures 8 and 9.
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Based on the performed analysis of drawing die wear, the optimum drawing angle
depends on the single reduction size. The application of large drawing die angles with unit
deformations below 10% results in a significant increase in drawing die wear (the difference
between the angle of 6 and 14◦ was over 30%). However, with larger single deformations,
the differences in drawing die wear between the analysed variants decrease. According
to the authors, this is related to the occurrence of opposing phenomena during drawing,
i.e., friction, which depends on the duration of contact of the material and tool, the wire
and drawing die temperatures and the pressure on the drawing die. Thus, the degree of
drawing tool wear in the wire drawing process is the result of the above-mentioned factors.
Industrial practice shows that when designing single reduction distributions to optimise
drawing die wear, the applied principle is that the optimal angle of the working part of
the drawing die depends on the degree of wire reinforcement and the single reduction
size. Hence, in multi-stage drawing, as the wire goes through successive drawing dies, the
single reduction value and the angle of the working part of the drawing die decrease.

3.2. Results of Tribological Tests

The performed tribological tests confirmed the significant influence of temperature
on the friction conditions and wear of the carbide/steel friction pair. Based on the data in
Table 3, it can be seen that while an initial increase in temperature to 200 ◦C does not result
in a significant difference in friction coefficient values (a difference of approximately 3%), a
considerable deterioration in lubrication conditions can be expected at temperatures above
400 ◦C. The differences in the values of the average friction coefficient between variants I
and IV were over 30%.

Table 3. Mean friction coefficient with mass loss of the rubbing pair.

Material
Mean Friction Coefficient Mass Loss/Gain, g

Mean Friction
Coefficient

Standard
Deviation Samples Counter-

Samples

Variant I 0.5642 0.0282 0.0141 0.0027
Variant II 0.5466 0.1101 0.0115 0.0041
Variant III 0.6729 0.0541 +0.0051 0.0013
Variant IV 0.7572 0.0542 +0.0372 0.0020

The analysis of the change in the masses of the samples and counter-samples shown
in Table 3 is a complex issue. In the performed tests, there was a gradual abrasion of the
steel and carbide sample surfaces with the “products” of abrasion sticking to their surfaces.
Unlike in the case of tribological tests performed at ambient temperature, when testing at
higher temperatures, an additional factor influencing the condition of the surface layer is
the phenomenon of scale formation on the surface of the test samples. Hence, among the
analysed variants, the highest total change in the sample and counter-sample mass was
recorded for variant IV (T = 600 ◦C). During the testing, pieces of scale are deposited on the
rubbing surfaces. Consequently, depending on the resultant of the above-mentioned factors,
the value of the friction coefficient is not constant and changes periodically, as shown in
Figure 10. The obtained results confirm the hypothesis contained in Section 2 regarding
the influence of temperature on the accelerated wear of drawing dies. An increase in
the friction value in the process causes an increase in the deformation resistance at the
wire/tool interface and accelerates the wear of the drawing dies. Therefore, in the actual
drawing process, lubricants are used to reduce friction and to protect the surface of the
drawing die from abrasion when the wire is pulled through it. An increase in drawing die
temperature during drawing causes a deterioration in the lubricant’s rheological properties,
e.g., the dynamic viscosity coefficient, as well as a reduction in the lubricant film thickness
in the contact zone. This leads to an even faster wear of the drawing die. Obviously, the
tribological tests presented in this paper do not ideally reflect the frictional conditions of
the drawing process, especially in industrial drawing (a shorter friction path and lower
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pressures in the contact zone were implemented in the laboratory tests). Nevertheless,
they confirm the role of temperature in the formation of the carbide surface layer and its
resistance to abrasion. Hence, as part of the study, metallographic tests of the sample and
counter-samples were performed after tribological testing.
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The analysis of the surface layer, after tribological testing, consisted of assessing
changes in the structure and properties of C45 steel (sample) and WC carbide (counter-
sample). In the first stage, the influence of temperature on the structural changes of the
sample, outside the abrasion area, was determined.

The obtained microscopic test results, shown in Figure 11, confirm that regardless of
the process temperature, the structure of the C45 steel does not change.
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the microscopic analysis, a significant difference in surface morphology was observed for 
variant IV compared to variants I, II and III. In this case, the structure has a coniferous 
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Figure 11. Structure of C45 steel, LM: (a) variant I, 100× magnification; (b) variant I, 1000× magnifi-
cation; (c) variant IV, 100× magnification; (d) variant IV, 1000× magnification.

For variants I, II, III and IV, a ferritic–perlitic structure with different grain sizes was
observed. On the majority of the surface, the perlite was surrounded by a lattice of ferrite
(Figure 11a,d). At 1000× magnification, the perlite clearly revealed its lamellar structure,
which contained both thicker and thinner lamellae (Figure 11b,d).

The analysis of the surface of the test samples showed that the temperature in the
tribological tests contributed to the formation of oxides/deposits on the C45 steel. The
appearance of the surface of C45 steel next to the abrasion area is shown in Figure 12. Based
on the analysis of the EDS chemical composition, in the case of variant I, only the elements
included in C45 steel were determined, i.e., carbon, manganese and iron. In the other
cases, in addition to the above-mentioned components, oxygen was also present, which
confirms the formation of iron oxides on the steel surface (variants II, III, IV). As part of
the microscopic analysis, a significant difference in surface morphology was observed for
variant IV compared to variants I, II and III. In this case, the structure has a coniferous form;
see Figure 12e.
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Figure 12. Surface next to the abrasion area, C45 steel, SEM: (a) variant I, 100× magnification; (b) 
variant I, 1000× magnification; (c) variant IV, 100× magnification; (d) variant IV, 1000×; (e) variant IV, 
10,000× magnification. 

The changes in the surface layer of the steel samples indicate that the temperature 
during tribological testing has a significant influence on the abrasion area. The results of 
the microscopic analysis and the chemical composition at the abrasion area for the differ-
ent variants are presented in Figure 13, Figure 14, Figure 15, Figure 16, and Figure 17, 
respectively. 

  

Figure 12. Surface next to the abrasion area, C45 steel, SEM: (a) variant I, 100× magnification;
(b) variant I, 1000× magnification; (c) variant IV, 100× magnification; (d) variant IV, 1000×;
(e) variant IV, 10,000× magnification.

The changes in the surface layer of the steel samples indicate that the temperature
during tribological testing has a significant influence on the abrasion area. The results
of the microscopic analysis and the chemical composition at the abrasion area for the
different variants are presented in Figure 13, Figure 14, Figure 15, Figure 16, and Figure 17,
respectively.
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Figure 13. Variant I, C45 steel surface, SEM: (a) abrasion area, 40× magnification; (b) abrasion area, 
100× magnification; (c) abrasion area, 500× magnification, (d) abrasion area, 1000× magnification. 
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Figure 13. Variant I, C45 steel surface, SEM: (a) abrasion area, 40× magnification; (b) abrasion area,
100× magnification; (c) abrasion area, 500× magnification, (d) abrasion area, 1000× magnification.
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Figure 13. Variant I, C45 steel surface, SEM: (a) abrasion area, 40× magnification; (b) abrasion area, 
100× magnification; (c) abrasion area, 500× magnification, (d) abrasion area, 1000× magnification. 
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Figure 14. Cont.
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Figure 14. Variant II, C45 steel surface, SEM: (a) abrasion area, 40× magnification; (b) abrasion area, 
100× magnification; (c) abrasion area, 500× magnification, (d) abrasion area, 1000× magnification. 
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Figure 15. Variant III, C45 steel surface, SEM: (a) abrasion area, 40× magnification; (b) abrasion area, 
100× magnification; (c) abrasion area, 500× magnification, (d) abrasion area, 1000× magnification. 

Figure 14. Variant II, C45 steel surface, SEM: (a) abrasion area, 40× magnification; (b) abrasion area,
100× magnification; (c) abrasion area, 500× magnification, (d) abrasion area, 1000× magnification.
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Figure 14. Variant II, C45 steel surface, SEM: (a) abrasion area, 40× magnification; (b) abrasion area, 
100× magnification; (c) abrasion area, 500× magnification, (d) abrasion area, 1000× magnification. 
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Figure 15. Variant III, C45 steel surface, SEM: (a) abrasion area, 40× magnification; (b) abrasion area, 
100× magnification; (c) abrasion area, 500× magnification, (d) abrasion area, 1000× magnification. 

Figure 15. Variant III, C45 steel surface, SEM: (a) abrasion area, 40× magnification; (b) abrasion area,
100× magnification; (c) abrasion area, 500× magnification, (d) abrasion area, 1000× magnification.
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Figure 16. Variant IV, C45 steel surface, SEM: (a) abrasion area, 40× magnification; (b) abrasion area,
100× magnification; (c) abrasion area, 500× magnification, (d) abrasion area, 1000× magnification.
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Figure 17. EDS analysis, C45 steel, abrasion area: (a) variant I, (b) variant II, (c) variant III, (d) variant 
IV. 

The study showed significant differences in the abrasion area between the variants. 
In the case of variant I, there is more damage on the outer side of the abrasion area. Sig-
nificant material loss is noticeable in that place. Variant II, in turn, is characterised by more 
uniform abrasion along the entire length of the abrasion radius. In the case of sample III, 
pitting occurs locally in the abrasion area, while variant IV is characterised by the for-
mation of deposits on the surface, which is probably due to the higher process tempera-
ture. Analyses of the chemical composition in the abrasion area showed (Figure 17) that 
in the case of processes I and II, oxygen and tungsten were present in addition to the ele-
ments that made up C45 steel, such as C, Mn and Fe. In those variants, the amount of 
observed tungsten did not exceed 2.5% by weight. However, for variants III and IV, its 
proportion increased dramatically and exceeded 45% by weight. Moreover, the presence 
of cobalt—in the amount of 3% by weight—was recorded in those variants. The presence 
of tungsten and cobalt in the abrasion area was due to the fact that material from the coun-
ter-sample (ball) was deposited onto the steel (“rubbed into”). Further analysis showed 
significant differences in abrasion width and depth for the individual variants (Figures 18 
and 19, Table 4). Microscopic observations enabled noticing irregularities in abrasion 
marks. This was most visible for variant I. The largest abrasion mark was also observed in 
this case (the measurement was taken at the widest point). 
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Figure 17. EDS analysis, C45 steel, abrasion area: (a) variant I, (b) variant II, (c) variant III,
(d) variant IV.

The study showed significant differences in the abrasion area between the variants. In
the case of variant I, there is more damage on the outer side of the abrasion area. Significant
material loss is noticeable in that place. Variant II, in turn, is characterised by more uniform
abrasion along the entire length of the abrasion radius. In the case of sample III, pitting
occurs locally in the abrasion area, while variant IV is characterised by the formation of
deposits on the surface, which is probably due to the higher process temperature. Analyses
of the chemical composition in the abrasion area showed (Figure 17) that in the case of
processes I and II, oxygen and tungsten were present in addition to the elements that
made up C45 steel, such as C, Mn and Fe. In those variants, the amount of observed
tungsten did not exceed 2.5% by weight. However, for variants III and IV, its proportion
increased dramatically and exceeded 45% by weight. Moreover, the presence of cobalt—in
the amount of 3% by weight—was recorded in those variants. The presence of tungsten
and cobalt in the abrasion area was due to the fact that material from the counter-sample
(ball) was deposited onto the steel (“rubbed into”). Further analysis showed significant
differences in abrasion width and depth for the individual variants (Figures 18 and 19,
Table 4). Microscopic observations enabled noticing irregularities in abrasion marks. This
was most visible for variant I. The largest abrasion mark was also observed in this case (the
measurement was taken at the widest point).
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Figure 18. Image of C45 steel abrasion area, digital microscope: (a) variant I, (b) variant II, (c) variant 
III, (d) variant IV. 

For variant II, the abrasion area width was approximately 22 units smaller than for 
variant I, while the depth was over 64 units greater in this case. For variant III, the width 
and depth of the abrasion area dropped to approximately 1500 µm and 28 µm, respec-
tively. For variant IV, in turn, the width and depth of the abrasion area increased (~1708 
units—first parameter, ~100 units—second parameter). 

Table 4. Results of C45 steel and ball interaction; W—abrasion width, D—abrasion depth. 
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Figure 18. Image of C45 steel abrasion area, digital microscope: (a) variant I, (b) variant II, (c) variant
III, (d) variant IV.
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Figure 18. Image of C45 steel abrasion area, digital microscope: (a) variant I, (b) variant II, (c) variant 
III, (d) variant IV. 
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Figure 19. Image of ball abrasion area, SEM: (a) variant I, (b) variant II, (c) variant III, (d) variant IV. 
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Figure 20. Image of the ball abrasion area (a) and chemical composition (b) for the variant III sample. 
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Figure 19. Image of ball abrasion area, SEM: (a) variant I, (b) variant II, (c) variant III, (d) variant IV.

Table 4. Results of C45 steel and ball interaction; W—abrasion width, D—abrasion depth.

Variant I Variant II Variant III Variant IV

Steel Ball Steel Ball Steel Ball Steel Ball

W, µm D, µm D, µm W, µm D, µm D, µm W, µm D, µm D, µm W, µm D, µm D, µm

2215 103 2249 2193 168 2197 1499 27 1498 1708 100 1716
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For variant II, the abrasion area width was approximately 22 units smaller than for
variant I, while the depth was over 64 units greater in this case. For variant III, the width and
depth of the abrasion area dropped to approximately 1500 µm and 28 µm, respectively. For
variant IV, in turn, the width and depth of the abrasion area increased (~1708 units—first
parameter, ~100 units—second parameter).

The analysis of the surface of the counter-samples (balls) confirmed the presence
of typical abrasion marks; however, no surface cracks were found. The performed tests
showed that in the contact area of the sample/counter-sample during tribological testing,
the phenomenon of sample material deposition on the surface of the counter-sample occurs;
see Figure 20. This confirms the possibility of the steel “sticking” to the surface of the
drawing dies during the drawing process.
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The parameter that influences the rate of tool wear is the surface topography. The
following parameters were selected to be analysed: arithmetic mean surface roughness
Sa, root mean square roughness Sq, ten-point height of irregularities surface Sz (mean
absolute height of the five highest and five lowest vertex cavities), the maximum height of
the elevation surface Sp (the distance from the highest point of the mean plane), and the
maximum depth of the cavity surface Sv (the distance from the lowest point of the mean
plane). Hence, the influence of temperature on the surface topography of steel samples was
determined in this study. The measurement results are shown in Figure 21 and Table 5.

Table 5. Roughness measurement results.

Parameter Variant I Variant II Variant III Variant IV

Sa, µm 2.49 3.40 3.21 3.91
Sq, µm 13.03 3.99 3.89 4.81
Sz, µm 15.96 16.41 19.89 30.72
Sp, µm 5.82 6.20 8.66 18.85
Sv, µm 10.14 10.21 11.24 11.87

The performed tests proved the influence of the test temperature on the surface
topography of the steel samples, indicating that the roughness profile deviations increase.
There are discrepancies in the values of the Sa, Sq, Sz, and Sp, and based on the data
shown in Figure 21, as the temperature increases, the height parameters and Sv parameters
between variants I and IV were approximately 100%. The increase in surface roughness,
especially for variant IV, is associated with the oxidation processes of the steel surface
during tribological testing. Surface roughness has a strong influence on friction conditions.
The final stage in the manufacture of drawing tools is polishing, which is performed
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to obtain a smooth surface on the drawing dies. As more wire is drawn through, the
surface of the drawing dies becomes increasingly rough, which leads to increased friction
and accelerated wear. This is confirmed by surface topography tests on steel samples,
which prove that there is a correlation between surface roughness and friction coefficient
(Figures 10 and 21).

Materials 2024, 17, x FOR PEER REVIEW 22 of 24 
 

 

(a)                                                 (b) 

    

(c)                                                 (d) 

    
Figure 21. Three-dimensional (3D) image steel simples after tribological tests for (a) variant I, (b) 
variant II, (c) variant III, and (d) variant IV. 

Table 5. Roughness measurement results. 

Parameter Variant I Variant II Variant III Variant IV 
Sa, µm 2.49 3.40 3.21 3.91 
Sq, µm 13.03 3.99 3.89 4.81 
Sz, µm 15.96 16.41 19.89 30.72 
Sp, µm 5.82 6.20 8.66 18.85 
Sv, µm 10.14 10.21 11.24 11.87 

The performed tests proved the influence of the test temperature on the surface to-
pography of the steel samples, indicating that the roughness profile deviations increase. 
There are discrepancies in the values of the Sa, Sq, Sz, and Sp, and based on the data shown 
in Figure 21, as the temperature increases, the height parameters and Sv parameters be-
tween variants I and IV were approximately 100%. The increase in surface roughness, es-
pecially for variant IV, is associated with the oxidation processes of the steel surface dur-
ing tribological testing. Surface roughness has a strong influence on friction conditions. 
The final stage in the manufacture of drawing tools is polishing, which is performed to 
obtain a smooth surface on the drawing dies. As more wire is drawn through, the surface 
of the drawing dies becomes increasingly rough, which leads to increased friction and 
accelerated wear. This is confirmed by surface topography tests on steel samples, which 
prove that there is a correlation between surface roughness and friction coefficient (Fig-
ures 10 and 21). 

4. Conclusions 
Numerical analysis has shown that after drawing approximately 10 m of wire, the 

temperature of the tungsten carbide insert stabilises, and its value depends on the draw-
ing process parameters, i.e., single reduction, drawing die angle, and drawing speed. 

An increase in drawing angle results in a decrease in wire temperature with a corre-
sponding increase in unit pressure. A large drawing angle means lower friction (reduced 

Figure 21. Three-dimensional (3D) image steel simples after tribological tests for (a) variant I,
(b) variant II, (c) variant III, and (d) variant IV.

4. Conclusions

Numerical analysis has shown that after drawing approximately 10 m of wire, the
temperature of the tungsten carbide insert stabilises, and its value depends on the drawing
process parameters, i.e., single reduction, drawing die angle, and drawing speed.

An increase in drawing angle results in a decrease in wire temperature with a corre-
sponding increase in unit pressure. A large drawing angle means lower friction (reduced
contact between the rubbing surfaces), decrease in wire temperature, and a simultaneous
increase in deformation resistance and unit pressure. Depending on which parameter is
decisive, the applied particular drawing die and single reduction geometry may result in
an increase or decrease in drawing die wear.

Based on the performed analysis of drawing die wear, the optimum drawing angle
depends on the single reduction size. The application of large drawing die angles with
unit deformations below 10% results in a significant increase in drawing die wear (the
difference between the angle of 6 and 14◦ was over 30%).

The wear rate of drawing dies in wire drawing is the result of friction, which depends
on the duration of contact of the material and tool, the wire and drawing die temperatures
and the pressure on the drawing die.

It has been shown that during tribological testing, there was a gradual abrasion of
the steel and carbide sample surfaces with the “products” of abrasion sticking to their
surfaces. Analysis of the chemical composition at the steel abrasion area showed that the
share of tungsten and cobalt increases with increasing temperature. At 400 ◦C, it is more
than 45% for tungsten and 3% for cobalt. At higher temperatures, of approximately 600 ◦C,
an increase of about 30% in the friction coefficient was observed.
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The analysis of the surface of the counter-samples (tungsten carbide) confirmed that
in the sample/counter-sample contact area during tribological testing, the phenomenon
of sticking of the sample material (steel) to the surface of the counter-sample (tungsten
carbide) occurs, which confirms the possibility of sticking of the steel to the surface of the
drawing die during the drawing process.

The research conducted in this work has shown a significant effect of temperature
on the friction conditions and abrasive wear of WC+Co sintered carbide. Hence, in the
next works, the authors will focus on searching for new materials for drawing cores. The
abrasion resistance of dies made of different materials will be compared.
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Abstract: Before artificial ageing, extruded aluminium profiles are subjected to stretching with a
small cold deformation in the range of 0.5–2%. This deformation improves the geometrical stability
of the extruded product and causes changes in the microstructure of the profile, which leads to the
strain hardening of the material after artificial ageing. The work has resulted in the creation of the
prototype of an original device, which is unique in the world, for the dynamic stretching of the
extruded profiles after quenching. The semi-industrial unit is equipped with a hydraulic system for
stretching and a pneumatic system for cold dynamic deformation. The aim of this research paper
is to produce advantageous microstructural changes and increase the strength properties of the
extruded material. The solution of the dynamic stretching of the profiles after extrusion is a great
challenge and an innovation not yet practised. The paper presents the results of microstructural and
mechanical investigations carried out on extruded AlMgSi(Cu) alloys quenched on the run-out table
of the press, dynamically stretched under different conditions, and artificially aged for T5 temper.
Different stretching conditions were applied: a static deformation of 0.5% at a speed of 0.02 m/s,
and dynamic deformation of 0.25%, 0.5%, 1%, and 1.5% at speeds of 0.05 and 2 m/s. After the
thermomechanical treatment of the profiles, microstructural observations were carried out using an
optical microscope (OM) and a scanning electron microscope (SEM). A tensile test was also carried
out on the specimens stretched under different conditions. In all the cases, the dynamically stretched
profiles showed higher strength properties, especially those deformed at a higher speed of 2 m/s,
where the increase in UTS was observed in the range of 7–18% compared to the classical (static)
stretching. The microstructure of the dynamically stretched profiles is more homogeneous with a
high proportion of fine dispersoids.

Keywords: AlMgSi(Cu) alloys; extrusion; straightening; dynamic deformation; microstructure;
mechanical properties

1. Introduction

After hot extrusion and quenching, aluminium alloy profiles are usually subjected to a
stretching process on the run-out table of the press. The stretching process is carried out at
room temperature when it is safe to handle the material.

In fact, stretching is part of the thermomechanical processing of the extruded profiles,
which consists of three steps: quenching on the run-out table of the press, cold tension in
the stretcher, and ageing. Cold forming, e.g., by stretching, plays an important role in this
process. A small static tensile deformation in the range of 0.5–2% is applied to straighten
the profile, which reduces the residual stress level within the product and causes additional
changes within the material microstructure. These changes enhance the subsequent ageing
process, and ultimately result in the strengthening of the profile.

Materials 2024, 17, 3983. https://doi.org/10.3390/ma17163983 https://www.mdpi.com/journal/materials90
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In his work [1], Kazanowski investigated the effect of various process and material pa-
rameters on the stretching of a profile. He also evaluated the theory of material deformation
at the different stages of the stretching process.

Many papers deal with the influence of stretching, also referred to as pre-stretching,
on the behaviour of aluminium alloys during thermomechanical treatment. Furu et al. [2]
investigated the effect of pre-stretching on the aluminium alloys AA6005, AA6060, and
AA6082. Rectangular profiles were extruded and pre-stretched with the plastic strains of
1.0%, 5.0%, and 10.0% before artificial ageing. For all three alloys, the experimental results
showed a difference in yield strength for different levels of pre-stretching. For AA6005
pre-stretched 10.0%, the yield strength was approximately twice that of the unstretched
sample in the underaged condition.

The effect of pre-stretching on plasticity and fracture was investigated by Abi-Akl
and Mohr for AA6451 aluminium sheets [3]. The selected specimens were pre-stretched
at 2.0% and 5.0%, followed by artificial ageing at 180 ◦C for 20 min for all the specimens.
Uniaxial tensile tests showed that a higher degree of pre-stretching resulted in a higher
yield strength.

In [4], the effect of pre-stretching on the mechanical behaviour of extruded rectan-
gular hollow profiles made from three aluminium alloys, namely AA6063, AA6061, and
AA6110, was investigated. Either 0.5% or 4.0% pre-stretch was applied after extrusion
and before artificial ageing to temper T6. The uniaxial tensile tests showed that the 4.0%
pre-stretched alloys exhibited significantly better ductility than the 0.5% pre-stretched
alloys. The improved ductility was also obtained in the crush tests of the profiles, where
the 4.0% pre-stretched alloys showed fewer cracks than the 5.0% pre-stretched alloys.

Qvale et al. [5] investigated the effect of pre-stretching on the microstructure and
mechanical behaviour of the extruded profiles of the aluminium alloys AA6063 and AA6082.
The profiles were pre-stretched at 0.5% and 4.0% after extrusion and prior to artificial ageing
to T6 temper. The uniaxial tensile tests showed a higher yield strength for AA6063 and a
lower yield strength for AA6082 in the 4.0% pre-stretched condition compared to the 0.5%
pre-stretched alloys.

Wang et al. [6] investigated a novel thermomechanical treatment that improved the
strength of an AA6061 aluminium alloy sheet. The main steps in the process included
under-ageing, cold rolling, and re-ageing, where they were able to achieve a yield strength
of 542 MPa and a UTS of 560 MPa for the alloy. The increased strength was the result
of the large amount of cold work applied (75% reduction in sheet thickness). However,
this level of cold work is not achievable for extrusions that have been stretched prior to
artificial ageing.

Kolar et al. [7] studied alloy 6060 subjected to various degrees of pre-stretching be-
tween 0 and 10% followed by artificial ageing at 190 ◦C for between 10 and 300 min.
The results showed that the yield stress and UTS improved with the increasing levels of
pre-stretching, with the greatest effect at the shorter ageing times.

Ma and Robson [8] investigated a strategy to achieve ultra-high strength for the
7075 alloy by combining work hardening and precipitation strengthening. To achieve this,
they carried out experiments consisting of solution heat treatment, pre-ageing, deformation,
and second ageing. The results showed that uniaxial deformation to a 10% strain had
little effect on precipitates but introduced sufficient dislocations to cause significant work
hardening resulting in strength greater than that obtained with a T6 temper.

The influence of plastic deformation prior to artificial ageing on the microstruc-
ture evolution and mechanical properties of a novel Al–Li–Cu–X alloy was investigated
in [9,10]. The plastic deformation ranged from non-stretched to 8% stretch, with intermedi-
ate stretches of 2%, 4%, and 6%. The pre-age deformation improves the ageing kinetics,
number density, and strength of fine precipitates by introducing heterogeneous matrix
nucleation sites. Increasing the pre-strain level to 15% resulted in an increase in the T8
yield strength to ∼670 MPa with a reduction in ductility from ∼11 to 7.5% [10].
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Zuo et al. [11] studied the effect of creep strain, mechanical properties, and microstruc-
ture of the 7055 alloy under different pre-stretch conditions. The results show that the range
of pre-stretch from 1.6% to 3.3% is suitable for the creep-aged 7055-T6 alloy to obtain better
mechanical properties.

Yang et al. [12] investigated the effects of pre-deformation on the creep strain, mechan-
ical properties, and microstructures of the AA2219 aluminium alloy. The pre-deformation
can prolong the duration of the primary creep stage and facilitate the creep strain. The
effects of 0~9% stretching on the microstructure and mechanical properties were investi-
gated in Al-Li-Cu-Mg alloys [13]. Stretching made T(AlCuLi) precipitates finer and more
uniform. Stretching at 6% improved the yield strength of the aged alloy from 328~342 MPa
to 466~488 MPa, but reduced the elongation from 9.7~10.4% to 5.7%.

In [14], the influence of pre-straining and pre-ageing on the precipitation behaviour
and age-hardening response for Al-Mg-Si alloys was investigated. The authors found that
the dislocations introduced by the pre-strain treatment enhanced the inhibition of natural
ageing and hardening at room temperature. The dislocations provided heterogeneous
nucleation for the precipitates that formed the β′′ strengthening phase during the bake
hardening treatment. The age-hardening response of the Al-Mg-Si alloys improved with
the formation of the denser and larger β′′ strengthening phase.

In [15], the effects of pre-stretching and various ageing treatments on the tensile
properties and fracture toughness of the 7050 aluminium alloy were studied. The results
showed that the peak-aged alloy had higher strength but poor fracture toughness.

Quan et al. [16] investigated the effect of pre-stretching after solution treatment on
the hardness and microstructure of aged 2524 aluminium alloy. The results showed that
compared with the unstretched samples, the hardness increased and the time to reach the
peak hardness decreased with increasing pre-strain. The number density of S (Al2CuMg)
phases was increased and the length was shortened in the pre-stretched alloy.

Yu et al. [17] presented a new pre-deformation treatment method for the 2324 alu-
minium alloy. The treatment method combined cold rolling deformation and pre-stretching
deformation which increased the crystal defects. A large number of dislocation networks
and tangles significantly improved the strength of the alloy and its microstructure.

Similar results were obtained for the 2219 alloy by Liu et al. in [18]. They investigated
the influence of 2% pre-deformation on the ageing process.

The influence of pre-stretching on the mechanical properties of 2219 Al alloy sheets
was investigated in [19]. The introduction of pre-stretching resulted in an increase in yield
strength. The peak yield strengths of 387.5 and 376.8 MPa are obtained when the specimens
pre-stretched by 10% are aged at 150 and 170 ◦C, respectively, which are higher than those
obtained for the unstretched specimens (319.2 MPa).

Taichman et al. [20] studied the effect of deformation prior to ageing on the precipitate
microstructure and precipitate types in an undeformed and a 10 pct pre-deformed condition
of the commercial AA6060 alloy. The tensile tests showed that the yield strength was higher
with pre-deformation for different ageing times.

The above publications show that the stretching process followed by artificial ageing
has a complex effect on the microstructure. Pre-stretching creates dislocations which
become heterogeneous nucleation sites for precipitates during the subsequent ageing.

Łatkowski carried out comprehensive investigations on the thermomechanical treat-
ment of aluminium alloys [21]. He applied plastic strains of 0%, 5%, 10, and 15% to alloy
6060 before artificial ageing. The hardness increased to about 77 HB as the pre-ageing
deformation increased up to 15%. For the 2017 alloy, after 24 h of natural ageing and
8 h of artificial ageing, he obtained the yield strength and UTS of about 650 MPa and
670 MPa, respectively.

Research on the addition of various other elements, such as Ni, Co, Au, and Cd to 6xxx
alloys is reported in the review paper [22] to summarise the influence of these elements on
the evolution of microstructure and its correlation with mechanical properties. Cu alters
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the precipitation sequences in these alloys and produces a variety of precipitates, resulting
in the improved strength properties of the alloys.

It is clear from the papers cited that static pre-deformation prior to ageing improves
the strength properties of the alloys tested. On the other hand, some studies reported in
the literature indicate a very promising possibility of using the dynamic deformation of
the material prior to ageing. Such deformation of about 1–1.5% produces a dislocation
microstructure which improves the strength properties of the alloys after ageing.

The yield strengths obtained from dynamic loading at a strain rate of 4000 s−1 are
17% and 19% higher than those obtained from quasi-static compression for the T6 and
HT specimens of 6061 alloy, respectively [23]. The higher initial dislocation density in T6
specimens hinders the movement of newly formed dislocations and therefore increases the
strength of the material.

The influence of a novel thermomechanical process route on the microstructural evolu-
tion and dynamic tensile deformation behaviour of two aluminium alloys, i.e., AA6082 and
AA7075, was investigated by Sharifi et al. [24]. Dynamic tensile tests were carried out at
strain rates of 40, 200, and 400 s−1. As the strain rate increased, the strength and elongation
to failure of the alloys investigated increased for all the conditions.

The work of Tong et al. [25], which is not directly applicable to the extrusion process,
explains to some extent the influence of dynamic stretching on the strengthening effect in
the aluminium alloys subjected to thermomechanical treatment. During dynamic stretching,
the deformation time is short and there is not enough time for dislocations to undergo
annihilation and rearrangement processes. The dynamic recovery process is strongly
inhibited as the higher density of dislocations is maintained and the uniformity of the
dislocation distributions is improved. As the strain rate increases, the speed of dislocation
movement also increases, resulting in a significant increase in peak strength.

Based on the data on the influence of dynamic deformation on the microstructure
and mechanical properties of aluminium alloys, it can be concluded that even a small
deformation of 1–1.5%, as usually used in the stretching of an extruded profile, can produce
a microstructural effect equivalent to about 10% of the static deformation.

In the present work, the authors have built a prototype device for the dynamic stretch-
ing of extruded profiles after quenching. The semi-industrial device is equipped with a
hydraulic system for stretching and a pneumatic system for cold dynamic deformation.
The aim of this project is to produce favourable microstructural changes and increase the
strength properties of the extruded material.

The microstructure and mechanical properties of the profiles were studied on extruded
AlMgSi(Cu) alloys, which were water-quenched on the run-out table of the press, and
subjected to static and dynamic stretching before artificial ageing to T5 temper.

2. Materials and Methods
2.1. Characterisation of AlMgSi(Cu) Alloys

Billets with the chemical composition shown in Table 1 and a diameter of 100 mm were
direct-chill (DC) cast under semi-industrial conditions. Three alloys within the AlMgSi(Cu)
grade were investigated. In all the alloys studied, the low-melting microstructural compo-
nents were dissolved during homogenisation soaking to a degree sufficient for practical
use—no incipient melting peaks were observed on the differential scanning calorimetry
(DSC) curves. As a result, a significant increase in the solidus temperature was achieved,
and the values obtained ranged from 574.6 ◦C for alloy 3 to 596.1 ◦C for alloy 1 (Table 2).

Table 1. Chemical composition of the AlMgSi(Cu) alloys under study, mass per cent.

Alloy Denotation Si Fe Cu Mg Cr Zn Ti Zr

AlMgSi(Cu) alloy 1 1.04 0.05 0.61 0.68 0.25 0.01 0.02 0.15
AlMgSi(Cu) alloy 2 1.20 0.04 0.81 0.79 0.23 0.01 0.02 0.15
AlMgSi(Cu) alloy 3 1.21 0.06 1.22 0.80 0.41 0.01 0.02 0.15
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Table 2. DSC test results of as-cast and homogenised AlMgSi(Cu) alloys.

Alloy Solidus Temperature, ◦C Incipient Melting Heat, J/g

AlMgSi(Cu) alloy 1 544.0 0.61
AlMgSi(Cu) alloy 2 542.8 1.54
AlMgSi(Cu) alloy 3 509.2 0.21

AlMgSi(Cu) alloy 1
(homogenised) 596.1 0.13

AlMgSi(Cu) alloy 2
(homogenised) 584.3 0.32

AlMgSi(Cu) alloy 3
(homogenised) 574.6 1.00

2.2. Device for Dynamic Straightening

In order to add the effect of dynamic deformation to the static stretching of the
extruded aluminium profiles, a semi-industrial device was designed and equipped with
a dedicated dynamic system. The system stretches the profile statically by means of a
hydraulic cylinder and simultaneously applies the dynamic effect in the form of cyclic
impacts of the special dynamic hammers. The maximum stretching force is assumed to
be as high as 40–60 kN. The structure of the device is based on a solid assembly table
and two heads for the profiles (left and right). The two heads equipped with jaws are
movable with respect to the table, one of them being able to move by pulling force only
with a constant force parameter mediated by an elastomer suppression system, while the
other one moves with the increase in the pulling force and with the deformation of the
profile. Figure 1 shows the profile view of the entire workstation; Figure 2 shows the view
from the left and right sides (back and front). Figure 3 shows the right side of the set,
where a system for maintaining the constant tension of the profile is located. The system
is based on the application of a special elastic element between the two steel plates that
close when the pulling force is applied. The two plates move on the four sliding columns
positioned vertically with respect to the assembly table. On the leftmost plate, there is a
jaw for clamping the profile, which is equipped with a hydraulic cylinder to generate the
correct clamping force. The hardness of the elastic element must be calculated on the basis
of the section and condition of the profile being tested in order to ensure that the system
operates within its optimum force parameters.
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Figure 3. Device for the cold dynamic stretching of the extruded profiles from the AlMgSi(Cu) alloys,
view from the right side of the system.

Figure 4 shows the left side of the dynamic system, where the hydraulic cylinder is
mounted to generate the static force and the set of two synchronised pneumatic hammers
to generate the additional dynamic forces. The two moving plates are also located on this
side. These two plates can be moved on the four sliding columns that are perpendicular to
the assembly table. The jaw is mounted on the lower plate to hold the profile, similar to
the one on the right side of the system. The dynamic set is mounted on the larger plate.
In addition, the larger plate is pushed by the 50 T hydraulic cylinder on the vertical axis
to generate the stretching force. The number of cycles and the duration of the impact are
programmable and must be adapted to the given profile on the basis of the experimental
data and its initial characteristics.
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temperature of approximately 540 °C using the data acquisition system. The surface qual-
ity was checked online for cracks or tarnishing. The maximum extrusion speed applied 
causes cracks to appear on the surface of the extrudates. The samples taken from the pro-
files extruded under different process conditions were subjected to optical scanning to 
check their dimensional accuracy. Similar optical scanning was carried out on the used 
dies and their dimensions were compared with those of the new dies. 

Figure 4. Device for the cold dynamic stretching of the extruded profiles from the AlMgSi(Cu) alloys,
view from the left side.

2.3. Extrusion Trials and Straightening Process

The extrusion trials for the 60 × 40 × 2 mm (alloy 1 and alloy 2) and 50 × 30 × 3 mm
(alloy 3) from the AlMgSi(Cu) alloys using the porthole dies were carried out on a 5 NM
hydraulic direct press equipped with a 4” diameter container and water wave installation
(Figure 5a). The following process parameters were recorded during the trials: a metal exit
speed of approximately 10 m/min, extrusion force of approximately 4.5 MN, and profile
temperature of approximately 540 ◦C using the data acquisition system. The surface quality
was checked online for cracks or tarnishing. The maximum extrusion speed applied causes
cracks to appear on the surface of the extrudates. The samples taken from the profiles
extruded under different process conditions were subjected to optical scanning to check
their dimensional accuracy. Similar optical scanning was carried out on the used dies and
their dimensions were compared with those of the new dies.
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Figure 5. The 5 MN 4-inch extrusion press run-out table with water wave installation (a) and the
profile from AlMgSi(Cu) alloy after extrusion with cooling by water on the run-out table (b).
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The dynamic stretching tests were carried out with the prototype device on the water-
quenched profiles of the following dimensions: 60 × 40 × 2 mm (alloy 1A and 2A) and
50 × 30 × 3 mm (alloy 3A). The dynamic deformation during the test was increased to
the level of 0.25%, 0.5%, 1%, 1.5%, and 2% at stretching speeds of 0.05 and 2 m/s. For
comparison, static stretching was also performed for a deformation of 0.5% and at a
stretching speed of 0.02 m/s. Figure 6 shows the photographs of the test using the prototype
device. After the static and dynamic stretching, the profiles were subjected to artificial
ageing at a temperature of T = 175 ◦C and for an ageing time of 8 h.
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Figure 6. The prototype device for the dynamic stretching of the extruded profiles from the
AlMgSi(Cu) alloys—the photos from the experimental tests: (a) side view, (b) front view, (c) the
close-up view of the clamp jaw and dynamic force system and (d) the sample of the extruded profile
after the dynamic straightening.

The aluminium profiles used in the tests were 3600 mm long. The profiles are mounted
on both sides of the system in the hydraulic jaws of 25 T capacity. After clamping, an initial
tension of up to 50% of the force required for the plastic deformation of the profile is applied.
The profile is then stretched by means of a hydraulic cylinder with a maximum force of 50 T
to achieve plastic deformation. At the same time, the pneumatic hammers synchronously
strike the main plate on the left side to generate an additional deformation by the dynamic
shock wave. The number of impacts and repeatable cycles depends on the test assumptions
and the final result for the given profile. During the impact of the pneumatic hammers,
the elongation of the profile occurs, and the constant force maintenance system keeps the
device under tension all the time. When the correct deformation is obtained, as read on the
straightedge, the profile is removed from the jaws. The device is now ready for the next test.

All the conditions of the extrusion process of the profiles, extrudate stretching, and
ageing were shown in Table 3.

Table 3. The parameters of the extrusion process, extrudate stretching, and ageing for the AlMgSi(Cu)
alloys of different chemical composition.

Alloy AlMgSi(Cu) alloy 1, 2 and 3

Billet dimensions Ø100 × 300 mm

Billet temperature 490 ◦C

Container/Die temperature 500 ◦C

Metal exit speed 10 m/min

Extrudates temperature 540 ◦C

Extrudates length 3600 mm

Stretching strain static 0.5%

Stretching strain dynamic 0.25%, 0.5%, 1%, 1.5% and 2%

Stretching speed 0.05 and 2 m/s

Ageing conditions 175 ◦C/8 h
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2.4. Methodology of the Microstructural and Mechanical Examination

The samples for microscopic examination were mounted in resin, mechanically ground
with sandpaper of appropriate grit, and then mechanically polished in two stages using a
diamond paste suspension and a colloidal silica oxide suspension for the final polishing. In
order to reveal the microstructure of the samples for observation by light microscopy, the
samples were anodised in a Barker reagent with a composition of 100 mL H2O + 2 mL HBF4.
The microstructure of the samples was examined by light microscopy (OLYMPUS GX51
microscope, Tokyo, Japan) and scanning electron microscopy (Hitachi SU 70 microscope,
Tokyo, Japan). In addition, the chemical composition within the micro-areas was analysed
by energy dispersive X-ray spectroscopy (EDS) (Thermo Fisher Scientific, Waltham, MA,
USA). An analysis of the chemical composition within the grains was carried out to deter-
mine the content of the individual alloying elements. A minimum of 20 spot analyses were
performed in each case. The test was performed at an acceleration voltage of 15 kV. For the
selected variants ions, the microstructure of the thin films was examined using a scanning
electron microscope equipped with a thin film observation attachment.

The basic mechanical properties: yield strength (YS), ultimate tensile strength (UTS),
and percentage elongation (A, %) were determined using an INSPECT 100 tensile testing
machine (with a maximum tensile strength of 100 kN). All the tests were performed at least
three times.

2.5. Optical Scanning of Extruded Tubes and Dies

A GOM Atos Core 200 scanner (Figure 7) was used to scan the extruded elements on
the inner and outer surfaces of the samples to measure the wall thickness deviations. The
surface was cleaned of impurities prior to the scanning. The coloured map of the deviations
was also obtained from the CAD model and the scanned element.
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3. Results
3.1. Microstructural Examination

The thermomechanical treatment consisted of straightening the profiles after extrusion,
combined with supersaturation during the press run and prior to artificial ageing. The aim
of this treatment was to improve the mechanical properties of the profiles. Following the
thermomechanical treatment carried out under different conditions (deformation, speed),
the ageing process took place at T = 175 ◦C for t = 8 h. Subsequently, microstructural
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observations and uniaxial tensile tests were carried out. The representative results of the
microstructure tests are shown in Figures 8–16 below. These results were obtained after
water-cooled extrusion on the press run and the subsequent static or dynamic straightening
using the original device designed by the authors. The data are presented as a function of
stretch speed and straightening speed.
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Figure 8. Microstructure of profiles extruded from alloy 1/1A and dynamically straightened at (a) ε 
= 1%, v = 0.05 m/s; (b) ε = 1.5, v = 0.05 m/s; (c) ε = 1%, v = 2 m/s; (d) ε = 1.5%, v = 2 m/s; SEM (The 
middle pictures are enlargements of the area marked by the yellow box in the pictures on the left). 

Figure 8. Microstructure of profiles extruded from alloy 1/1A and dynamically straightened at
(a) ε = 1%, v = 0.05 m/s; (b) ε = 1.5, v = 0.05 m/s; (c) ε = 1%, v = 2 m/s; (d) ε = 1.5%, v = 2 m/s;
SEM (The middle pictures are enlargements of the area marked by the yellow box in the pictures on
the left).
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Figure 9. Microstructure of profiles extruded from alloy 3/2A and dynamically straightened at (a) ε 
= 1%, v = 0.05 m/s; (b) ε = 1.5%, v = 0.05 m/s; (c) ε = 1%, v = 2 m/s; (d) ε = 1.5, v = 2 m/s; SEM (The 
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Figure 9. Microstructure of profiles extruded from alloy 3/2A and dynamically straightened at
(a) ε = 1%, v = 0.05 m/s; (b) ε = 1.5%, v = 0.05 m/s; (c) ε = 1%, v = 2 m/s; (d) ε = 1.5, v = 2 m/s;
SEM (The middle pictures are enlargements of the area marked by the yellow box in the pictures on
the left).
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Figure 10. Microstructure of profiles extruded from alloy 6/3a and dynamically straightened at (a) 
ε = 1%, v = 0.05 m/s; (b) ε = 1.5%, v = 0.05 m/s; (c) ε = 1%, v = 2 m/s; (d) ε = 1.5%, v = 2 m/s; SEM (The 
middle pictures are enlargements of the area marked by the yellow box in the pictures on the left). 

Figure 10. Microstructure of profiles extruded from alloy 6/3a and dynamically straightened at
(a) ε = 1%, v = 0.05 m/s; (b) ε = 1.5%, v = 0.05 m/s; (c) ε = 1%, v = 2 m/s; (d) ε = 1.5%, v = 2 m/s;
SEM (The middle pictures are enlargements of the area marked by the yellow box in the pictures on
the left).
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Figure 11. Microstructure of profiles statically straightened at ε = 0.5%, v = 0.05 m/s: (a) alloy 1/1A, 
(b) alloy 3/2A, and (c) alloy 6/3A; SEM (The middle pictures are enlargements of the area marked 
by the yellow box in the pictures on the left). 

 
Figure 12. Illustrative outcomes of the chemical analysis depicting the particles within the micro-
structure of the alloy 3/2A-extruded profiles supersaturated during the press run. Noteworthy par-
ticles identified include β-Mg2Si, Q-Al5Cu2Mg8Si6, and a phase comprising Al, Si, Fe, and Mn. 

Figure 11. Microstructure of profiles statically straightened at ε = 0.5%, v = 0.05 m/s: (a) alloy 1/1A,
(b) alloy 3/2A, and (c) alloy 6/3A; SEM (The middle pictures are enlargements of the area marked by
the yellow box in the pictures on the left).
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Figure 12. Illustrative outcomes of the chemical analysis depicting the particles within the microstruc-
ture of the alloy 3/2A-extruded profiles supersaturated during the press run. Noteworthy particles
identified include β-Mg2Si, Q-Al5Cu2Mg8Si6, and a phase comprising Al, Si, Fe, and Mn.
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Figure 14. Microstructure of profiles extruded from alloy 1/1A: (a) statically straightened at ε = 0.5, v = 0.05 m/s; (b) dynamically straightened at ε = 1.5, v = 2 m/s; STEM. 
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Figure 13. Illustrative outcomes of the chemical analysis depicting the particles within the microstruc-
ture of the alloy 6/3A-extruded profiles supersaturated during the press run. Noteworthy particles
identified include β-Mg2Si, Q-Al5Cu2Mg8Si6, and a phase comprising Al, Si, Fe, and Mn.

Materials 2024, 17, x FOR PEER REVIEW 15 of 25 
 

 

 
Figure 13. Illustrative outcomes of the chemical analysis depicting the particles within the micro-
structure of the alloy 6/3A-extruded profiles supersaturated during the press run. Noteworthy par-
ticles identified include β-Mg2Si, Q-Al5Cu2Mg8Si6, and a phase comprising Al, Si, Fe, and Mn. 

 
(a) 

 
(b) 

Figure 14. Microstructure of profiles extruded from alloy 1/1A: (a) statically straightened at ε = 0.5, v = 0.05 m/s; (b) dynamically straightened at ε = 1.5, v = 2 m/s; STEM. 

 
(a) 

Figure 14. Microstructure of profiles extruded from alloy 1/1A: (a) statically straightened at ε = 0.5,
v = 0.05 m/s; (b) dynamically straightened at ε = 1.5, v = 2 m/s; STEM.

Differences in the microstructure of the profiles which were tested are revealed by
the results of the post-strain microstructure analysis. The microstructure of these profiles
typically shows elongated grains which flatten with wall thickness. The character of the
grain boundaries varies, taking on a more bulged appearance or remaining flat depending
on the specific deformation process variant and alloy chemical composition. Detailed
observations at high magnification reveal the presence of near-axial fine grains within the
elongated grains, forming bands. The number, shape, and size of these fine grains depend
on the parameters of the deformation process, including the deformation size, speed, and
whether static or dynamic strain is applied (see Figures 8–11). The microstructure of
the investigated profiles also contains numerous precipitates. The chemical composition
studies using SEM/EDS microarrays confirm the presence of β-Mg2Si phase particles up to
several µm in size and Q-Al5Cu2Mg8Si6 phase particles (see Figures 12 and 13). In addition,
advantageous dispersoids are present which improve the mechanical properties of the
extruded profiles (see Figures 8–11).
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general, slightly higher tensile strength values were observed for the higher stretching 
speed variant, i.e., 2 m/s, compared to 0.05 m/s. For alloy 1/1A which has the lowest Cu 
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mation, reaching approximately 387 MPa. This contrasts with 326 MPa at 0.5% static de-
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For the selected variations, the microstructure of the thin films was examined using
a scanning electron microscope equipped with a thin film observation attachment. The
representative microstructural images are presented in Figures 14–16. The analysis of
the thin films revealed that irrespective of the extrusion process parameters applied to
the profiles, their microstructure consisted of grains with localised low-energy dislocation
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systems and a significant presence of precipitates. The quantity and size of these precipitates
depend on the alloy composition, with higher alloying elements corresponding to an
increase in the quantity and size of the precipitate, as confirmed by the statistical analysis
presented later in the article. The low dislocation content is attributed to the presence
of microstructural renewal processes during the plastic deformation process. Moreover,
the ageing temperature used (175 ◦C) is sufficient to facilitate microstructural renewal
processes. The rearrangement and annihilation of dislocations may have occurred prior to
the precipitation of the strengthening phases during the ageing process.

3.2. Mechanical Properties

Figure 17 shows the stress/strain curves recorded during the static tensile test of
the samples from the alloys 1/1A, 3/2A, and 6/3A-extruded, statically and dynamically
stretched and artificially aged. Figure 18 shows the correlation between the achieved tensile
strength (UTS) of the profiles made from the alloys 1/1A, 3/2A, and 6/3A. The profiles were
extrusion-cooled in the press run and then subjected to static or dynamic straightening on
the original prototype device. They were then artificially aged (175 ◦C/8 h). The relationship
between the amount of cold deformation and the straightening speed is shown. In particular,
there is a significant increase in the tensile strength for the samples subjected to dynamic
straightening compared to those straightened statically—approximately an 18% increase for
the alloys 1/1A and 3/2A and a 7% increase for alloy 6/3A. In general, slightly higher tensile
strength values were observed for the higher stretching speed variant, i.e., 2 m/s, compared
to 0.05 m/s. For alloy 1/1A which has the lowest Cu content (0.61%), the highest tensile
strength (UTS) was recorded at 2% dynamic deformation, reaching approximately 387 MPa.
This contrasts with 326 MPa at 0.5% static deformation. In the case of alloy 3/2A with an
intermediate Cu content (0.81%), the maximum tensile strength (UTS) was observed at 1%
dynamic deformation which was approximately 432 MPa (compared to 360 MPa for 0.5%
static deformation). Similarly, for alloy 6/3A which has the highest Cu content (1.22%), the
maximum tensile strength (UTS) was attained with a dynamic deformation of 2%, measuring
approximately 441 MPa (as opposed to 412 MPa for a static deformation of 0.5%).
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Figure 18. Dependence of tensile strength (UTS) for extruded profiles of alloys (a) 1/1A, (b) 3/2A,
and (c) 6/3A, subjected to press run cooling, static or dynamic straightening, and subsequent artificial
ageing at 175 ◦C for 8 h.

The elongation value (A, %) for most variants is comparable for the alloys with low and
medium Cu content (alloy 1/1A and alloy 3/2A) averaging around 11–13% (Figure 19a,b).
For the alloy with the highest Cu content (6/3A), the elongation is lower, at around 9–10%
for the samples after the dynamic straightening and 8% for the samples after the static
straightening (Figure 19c). These results correlate well with the level of tensile strength, as
this alloy has the highest level of mechanical properties.
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Figure 19. Dependence of elongation (A) for extruded profiles of alloys (a) 1/1A, (b) 3/2A, and
(c) 6/3A, subjected to press run cooling, static or dynamic straightening, and subsequent artificial
ageing at 175 ◦C for 8 h.

3.3. Geometrical Inspection

Figures 20–22 show the results of the 3D optical scanning of the profiles extruded from
the AlMgSi(Cu) alloys and dynamically stretched with a 2% deformation at a speed of
v = 2 m/s: the 60 × 40 × 2 mm 1/1A alloy profile (Figure 20), the 60 × 40 × 2 mm 3/2A
alloy profile (Figure 21), and the 50 × 30 × 3 mm 6/3A alloy profile (Figure 22). In all the
cases, the upper figure shows the coloured map of the dimensional deviations, while the
lower figure on the left shows the dimensional deviations of the wall thickness of the profile,
and, on the right, the dimensional deviations of the width and height of the profile after ex-
trusion and dynamic stretching. The coloured maps show the relatively large deviations on
the longitudinal edge and on the side and bottom walls of the 60 × 40 × 2 mm 1/1A alloy
profile (Figure 20). Relatively higher deviations are observed at the ends of the analysed
profile, which may be due to the deformation of the ends in the jaws during stretching.
However, the most important conclusion concerns the wall thickness, width, and height of
the profiles, which are generally within the permissible range of the relevant standard [26].
For all three profiles studied, the acceptable limits of wall thickness deviations according to
the standard are in the range of ±0.35 mm and are not exceeded in any case. In the case of
the height/width dimensions for the first two profiles, the acceptable limits of deviation
are in the range of ±1.00 mm and are also not exceeded, similarly for the 3A alloy, where
the acceptable limits of deviation are within the range of ±0.80 mm.
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Figure 20. Results of 3D optical scanning of profile of 60 × 40 × 2 mm extruded from alloy 1/1A and
dynamically straightened at ε = 2.0, v = 2 m/s.
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Figure 21. Results of 3D optical scanning of profile of 60 × 40 × 2 mm extruded from alloy 3/2A and
dynamically straightened at ε = 2.0, v = 2 m/s.

The analysis of the dimensional deviations of the profiles studied shows that they are
very accurate. The higher the strength of the alloy (from alloy 1A to alloy 3A), the lower
the dimensional deviations of the wall thickness and height/width.
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Figure 22. Results of 3D optical scanning of profile of 50 × 30 × 3 mm extruded from alloy 6/3A and 
dynamically straightened at ε = 2.0, v = 2 m/s. 
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4. Discussion

The laboratory dynamic stretching device is relatively simple to operate and maintain.
It requires at least two operators working together, who must be trained to carry out the
tests. The first operator controls the clamping jaws, the actuator feed, and the tension of
the profile for static deformation. The second operator controls the work of the dynamic
system. The accuracy of the force measurements is sufficient; for the parameters tested, the
load of up to approximately 100 kG on a maximum scale of 50 T represents only about 0.2%.
The displacement recorded by a digital straightedge with a reading accuracy of 0.02 mm is
sufficient to measure the displacement of the pulling plate and to calculate the deformation.
The mechanical system used to clamp the profile in the jaws is sufficient to immobilise
it. The set of pneumatic hammers is sufficient to generate the dynamic deformations for
the specified cross-section of the profiles. When designing industrial equipment, it is
recommended to take into account the digital measurement of static force on hydraulic
valves and the measurement of displacement with an accuracy of 0.02 mm. For a higher
frequency of impacts, multiple pneumatic hammers and their alternate cyclic work should
be applied. If very high deformation and high energy of impacts are required, pneumatic
hammers should be replaced by hydraulic cylinders. The cradle for profiles over 15 mm in
length should be replaced by the independent traveller with the dynamic set. It is necessary
to have a system for damping vibrations and maintaining the initial tension of the profile.
A gas spring kit or elastomers can be used. It is recommended to apply the programmer
to set the cycle time and the number of repetitions of the hydraulic system. However, it
should be remembered that the application of changes and modifications depends on the
final design of the device and the assumptions for its use.

The introduction of dynamic stretching facilitates the occurrence of dynamic recrys-
tallisation, a phenomenon which is particularly pronounced in the microstructure of dy-
namically stretched profiles at ε = 1% and ε = 1.5% with stretching speeds of v = 2 m/s.
Typically, fine, equiaxial grains are organised in bands, and occasionally, the protrusions
of the original grain boundaries are locally visible. Yu et al. [27] observed a similar phe-
nomenon during the porthole die extrusion process of aluminium alloy 6063. Equiaxed
grains enter the weld zone and elongate along the extrusion direction under the influence
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of compression and shear. Subsequently, grain boundaries migrate due to interfacial energy,
resulting in grain entrapment and the growth of elongated coarse grains. These elon-
gated coarse grains undergo continuous dynamic recrystallisation and geometric dynamic
recrystallisation at high temperatures and pressures, resulting in the formation of fine
equiaxed grains.

The profiles subjected to dynamic deformation exhibit superior mechanical properties,
especially at higher speeds such as 2 m/s. Consider, for example, the alloy 3/2A profile,
where the highest ultimate tensile strength (UTS) is observed at ε = 1%. Compared to
both the dynamically and statically stretched profiles, its microstructure appears more
homogeneous. Dispersoids are smaller and more abundant, especially in the statically
straightened profiles (see Figures 14–16). Furthermore, in several cases, particularly with
dynamic deformation, the grain boundaries appear to be bulged and numerous fine grains,
probably formed during recrystallisation, can be seen in their vicinity.

In order to further analyse the results which were obtained, a statistical analysis of the
dispersoids was carried out for the variants from which thin films were made. The free
software ImageJ 1.54i was used to determine the cross-sectional area of the dispersoids,
and the results are presented graphically in Figure 23 and in Table 4. The results confirmed
previous observations regarding the amount of dispersoids as a function of alloy type. The
highest amount of dispersoids was found in the alloy with the highest Cu content (alloy
6/3A), occupying 8.1% and 7.7% of the analysed area for the statically and dynamically
straightened profiles, respectively. The tensile strength for both the straightening variants
was comparable, averaging UTS = 411–412 MPa (Table 3). It is worth noting that for
the dynamically straightened alloy 6/3A, 50% of the dispersoids had a cross-sectional
area below 0.005 µm2, while for the statically straightened variant, 36% of the analysed
dispersoid population fell within this range (Figure 23).
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respectively), the total area occupied by dispersoids was greater in the case of static 
straightening (Table 4). Almost 77% of the dispersoid population measured in the stati-
cally straightened profiles of these alloys has a size below 0.016 µm2, while for the dynam-
ically straightened profiles, the percentages are 63% and 82%, respectively (Figure 23). The 

Figure 23. Statistical analysis of dispersoids for extrudates from AlMgSi(Cu) alloys with different Cu
contents after static or dynamic stretching.

For both the alloys with the lowest and the medium Cu content (1/1A and 3/2A
alloys, respectively), the total area occupied by dispersoids was greater in the case of static
straightening (Table 4). Almost 77% of the dispersoid population measured in the statically
straightened profiles of these alloys has a size below 0.016 µm2, while for the dynamically
straightened profiles, the percentages are 63% and 82%, respectively (Figure 23). The higher
level of mechanical properties in the case of the dynamically straightened profiles is mainly
due to the size and shape of the grain, which is finer and, depending on the straightening
conditions, either elongated in the direction of extrusion or close to equiaxed (Figures 8–11).
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Table 4. Results of the UTS and cross-sectional area of the dispersoid analysis depending on the alloy
and stretching conditions.

AlMgSi(Cu) Alloy 1 AlMgSi(Cu) Alloy 2 AlMgSi(Cu) Alloy 3

Percentage value of dispersoids in the investigated area, %

Statically stretched 7.2 7.5 8.1

Dynamically stretched 5.9 4.4 7.7

UTS, MPa/Standard deviation, MPa

Statically stretched 326/23 360/12 412/22

Dynamically stretched 368/17 380/7 411/3

Figure 24 shows the effects of applying the dynamic stretching (ε = 2.0, v = 2 m/s) to
the extruded profiles of the AlMgSi(Cu) alloys with different alloy components, including
Cu. The Cu content is used here as a parameter indicating the increase in the UTS after
the dynamic stretching relative to static stretching (left) and as a parameter indicating the
average deviation in the wall thickness of the extruded and stretched profiles (right). In
both cases, there is a tendency towards failure from the 1/1A alloy with the lowest content
of alloying elements to the 6/3A alloy with the highest content of alloying elements. The
highest increase in the UTS due to dynamic deformation during the stretching of the profile
was obtained for alloy 1/1A (strength factor of 1.18 means an 18% increase in the UTS
after dynamic deformation compared to static deformation. Similarly, the highest mean
dimensional deviation of wall thickness was observed for this alloy at the level of 0.1 mm
(acceptable according to the standard [26]). This is probably due to the finest-grained
and most homogeneous microstructure, numerous dispersoids present in this alloy after
extrusion, dynamic stretching, and artificial ageing. This alloy, due to the lowest content
of alloying elements, is characterised by the lowest yield stress, which translates into the
highest dimensional deviations after stretching. For the other alloys (3/2A and 6/3A),
dynamic stretching is not so advantageous as the increase in the UTS is only at the level of
13% and 7%, respectively, with respect to the statically (classically) stretched profiles. The
3/2A and 6/3A alloys are characterised by the lower average dimensional deviations of the
wall thickness, 0.08 mm and 0.06 mm, respectively, due to the higher content of alloying
elements and also to the higher values of the yield stress.
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5. Conclusions

The following conclusions can be drawn from the results which have been obtained:

1. In this paper, the authors have built a prototype of a device for the dynamic stretching
of extruded profiles after quenching. The semi-industrial device is equipped with a
hydraulic system for stretching and a pneumatic system for cold dynamic deformation.
The aim of this project is to induce advantageous microstructural changes and increase
the strength properties of the extruded material. A guideline is formulated for the
design of the industrial device in which very long profiles are stretched. This requires
the intensification of the dynamic stretching. For high deformations and high impact
energy, pneumatic hammers should be replaced by hydraulic actuators.

2. The highest increase in the UTS due to dynamic deformation during the stretching
of the profile was obtained for alloy 1/1A (a strength factor of 1.18 means an 18%
increase in the UTS after dynamic deformation compared to static deformation). This
alloy contains the lowest amount of the alloying elements. For the alloys 3/2A and
6/3A, the dynamic stretching is not so favourable; the increase in the UTS is only 13%
and 7%, respectively, with respect to the statically stretched profiles.

3. The application of dynamic stretching to the alloys tested makes it possible to obtain
profiles with an advantageous fine-grained microstructure, containing a large number
of dispersoids and a homogeneous microstructure, resulting in high strength properties.

4. Dimensional tolerances are not a critical parameter in the dynamic straightening of
extruded aluminium profiles with high cold deformation reaching up to 2%. The
dimensional tolerances obtained for this dynamic deformation are within the limits
of the relevant standard. Therefore, it can be said that the dimensional deviations
obtained are not an obstacle to the use of high dynamic deformation in the straighten-
ing of extruded aluminium profiles and are advantageous from the point of view of
microstructure and mechanical properties.
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Leszczyńska-Madej, Grażyna
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Abstract: The effects of austenitizing and austempering temperatures on the bainite transformation
kinetics and the microstructural and mechanical properties of a medium-carbon high-silicon ultra-fine
bainitic steel were investigated via dilatometric measurements, microstructural characterization and
mechanical tests. It is demonstrated that the optimum austenitizing temperature exists for 0.3 wt.%C
ultra-fine bainitic steel. Although the finer austenite grain at 950 ◦C provides more bainite nuclei site
and form finer bainitic ferrite plates, the lower dislocation density in plates and the higher volume
fraction of the retained austenite reduces the strength and impact toughness of ultra-fine steel. When
the austenitizing temperature exceeds 1000 ◦C, the true thickness of bainitic ferrite plates and the
volume fraction of blocky retained austenite in the bainite microstructure increase significantly with
the increases in austenitizing temperature, which do harm to the plasticity and impact toughness. The
effect of austempering temperature on the transformation behavior and microstructural morphology
of ultra-fine bainite is greater than that of austenitizing temperature. The prior martensite, formed
when the austempering temperature below Ms, can refine the bainitic ferrite plates and improve the
strength and impact toughness. However, the presence of prior martensite divides the untransformed
austenite and inhibits the growth of bainite sheaves, thus prolonging the finishing time of bainite
transformation. In addition, prior martensite also strengthens the stability of untransformed austenite
though carbon partition and enhances the volume fraction of blocky retained austenite, which
reduces the plasticity of ultra-fine bainitic steel. According to the experimental results, the optimum
austempering process for 0.3 wt. %C ultra-fine bainitic steel is through austenitization at 1000 ◦C and
austempering at 340 ◦C.

Keywords: prior martensite; transformation behavior; retained austenite; mechanical property

1. Introduction

Ultra-fine bainite steel, also known as super bainite steel, nano-bainite steel and low-
temperature bainite steel, has become a research hotspot due to its excellent combination
of strength and ductility [1–3]. Ultra-fine bainitic ferrite plates, 20 nm~1 µm in thickness,
within high dislocation densities provide the steel with high strength, and the film-like
retained austenite embedded into the plates can absorb microcrack propagation, thereby
ensuring its high toughness property [4–6]. The impressive combination of ultimate tensile
strength (>2 GPa) and ductility (>15%) has been achieved latterly in medium-carbon
bainitic steel, indicating that the ultra-fine bainitic steel has huge potential in the field of
wear-resistant components such as gears, bearing, and so on [6–9].

The first generation of ultra-fine bainitic steel with high carbon content was obtained
though austempering at low temperature (125–325 ◦C) from 2 to 90 days [10]. With
further research about the bainite transformation mechanism and the relationship between
microstructure and mechanical properties, the bainite transformation process is clearly
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accelerated by the following methods: (i) Through adjusting the chemical component
design [11–13], the segregation of boron at prior austenite grain boundaries can retard
the bainite transformation at low temperature [13]. (ii) By increasing the nucleation sites
though lowering the direct austempering temperature to below Ms [14–17], the supercooled
austenite is deformed [18–21] and partial bainite/athermal martensite is obtained before
bainite transformation [22–26]. However, there are quite a few research studies about the
effect of prior austenite on bainite transformation, and the results are controversial. On the
one hand, Seok-Jae Lee [27] and Jing Zhao et al. [28] thought that the bainite transformation
kinetics of medium-carbon steel increased as the austenite grain size decreased. On the
other hand, F Hu et al. [29] noticed that the coarser austenite grains provide less nucleation
sites, which are beneficial to bainite growth. That is to say, there is an optimum austenitizing
temperature for ultra-fine bainite steels with different carbon contents.

The austempering temperature below Ms was selected to accelerate the transformation
kinetics and enhance the mechanical properties of ultra-fine bainite steel though forming
partial martensite in recent research [30–32]. Although the presence of prior martensite can
increase the nucleation sites of bainite in the following isothermal process, the formation of
the former phase also refines the untransformed austenite, and then inhibits the growth
of bainitic ferrite plates [33,34]. In addition, the diffusion of carbon ejected from super-
saturated martensite to austenite increases the stability of the latter phase, thereby reducing
the degree of bainite transformation [35,36]. Therefore, it is necessary to contrastively
analyze the effects of austempering temperatures above and below Ms on transformation
kinetics and microstructural morphology to obtain the ultra-fine bainite steel with optimal
mechanical properties.

In order to determine the effect of austenitizing temperature and austempering tem-
perature on ultra-fine bainitic steel, a medium-carbon steel with 0.30 wt.%C was selected
for research in the paper. A series of heat treatment processes with different austenitizing
temperatures and austempering temperatures were carried out to explore the relationship
between the heat treatment processes and bainite transformation kinetics, microstructural
morphology, and mechanical properties of medium-carbon steel. The multiphases of
martensite, bainitic ferrite with different volume fractions and dislocation densities, and
the retained austenite with different morphologies and carbon concentrations along with
their mechanical properties were observed and measured though scanning electronic mi-
croscopy (SEM), transmission electron microscope (TEM), X-ray diffractometer (XRD) and
tensile testing.

2. Experimental Procedures
2.1. Steel Composition and Thermomechanical Treatments

The chemical composition of the tested steel used in this paper was 0.30C-1.40Si-
1.50Mn-1.18Cr-1.15Al-0.49Mo-0.61Ni-0.019Nb-0.0026B (wt.%). Si can inhibit the precip-
itation of cementite during isothermal transformation, enhance the thermal stability of
retained austenite and accelerate bainite transformation at low temperature [37,38]. The
addition of Mn and Cr can increase the hardenability of medium-carbon steel [39,40]. Al
can increase the driving force of austenite to ferrite (∆G γ→α) [41,42]. The precent of Nb
and Mo can refine the prior austenite grains and accelerate the following bainite transfor-
mation [11]. The boron segregation at prior austenite can affect grain size and determine
the nucleation site and transformation kinetics of bainite [12]. The tested steel was smelted
in a vacuum furnace and forged into a block measuring 60 × 80 × 1003 mm. Samples with
a size of ϕ4× 10 mm3 was cut and used for measuring the transformation temperature and
kinetics of the tested steel with different heat treatment processes. Samples with a size of
12 × 60 × 60 mm3 composed of sodium nitrate and potassium nitrite (1:1 in weight) were
cut and used for the subsequent heat treatments in a muffle furnace and a salt bath furnace.

The Ms temperature was measured to be 328 ◦C by the DIL 805A thermal dilatometer
(Waters, Milford, MA, USA). The heat treatment processes are given in Figure 1. As shown
in Figure 1a, the samples were fully austenitized at 950–1100 ◦C about 30 min with a heating
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rate of 10 ◦C/s, then cooled to 340 ◦C for 1 h and finally quenched into room temperature
to research the effect of austenitizing temperature on bainite transformation, the microstruc-
ture, and mechanical properties of the tested steel. Similarly, after austenitizing at 1000 ◦C
for 30 min, the samples were quenched to below Ms (310 and 320 ◦C) and above Ms
(340 and 350 ◦C) about 1 h to research the effect of austempering temperatures, as given in
Figure 1b. The dilatation of the samples along the radial direction was recorded and used
to characterize the bainite transformation kinetics.
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Figure 1. Heat treatment program to study the effect of austenitizing temperature (a) and austemper-
ing temperature (b) on bainite transformation.

2.2. Microstructural Characterization

SEM samples were mechanically ground, polished and etched with a 4% nital solution.
The morphological characters of prior austenite grain, bainite and retained austenite were
observed at low magnification though SEM (ZEISS EVO 18) (Carl Zeiss, Oberkochen,
Germany). TEM samples were thinned to ~50 µm by a precision ion polishing system
(Gatan 691) (Gatan, Pleasanton, CA, USA). The sizes of the bainitic ferrite were measured
and counted using Tecnai F20 (FEI, Hillsboro, OR, USA), operating at 200 kV. The dislocation
density within bainitic ferrite and the volume fraction and average carbon content of
retained austenite were analyzed by XRD with Cu-Ka radiation operating at 40 kV and
40 mA. The XRD pattern was drawn based on the data obtained at a scanning rate of
1◦/min and 2θ range of 30–100◦. The dislocation density of bainitic ferrite (ρ) was counted
according to the Williamson–Hall formula, as presented in Equation (1) [43]. The volume
fraction of retained austenite (Vγ) was calculated based on the integrated intensities of
(200), (220) and (311) austenite peaks and (200), (211) ferrite peaks [44]. The volume
fractions of prior martensite (VM) within the samples austempered below Ms are calculated
according to Equation (2). Finaly, the volume fraction of bainitic ferrite, VB, is calculated
by Equation (3). The average carbon content of retained austenite (Cγ) was determined
though Equation (4) [45]. Carbon contents of retained austenite with film-like and blocky
morphology were calculated by the Gaussian multi-pears fitting method, as reported in the
literature [46,47].

ρ = 14.4 e2/b2 (1)

VM = 1 − e−0.011(Ms-QT) (2)

VB = 1 − Vγ − VM (3)

Cγ = (a − 3.578)/0.033 (4)

where Ms and QT are the martensite start temperature and the directly austempering
temperature, respectively, of the tested sample; e is the micro-strain measured by MDI Jade
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6.0 software (6.0, Materials Data, Livermore, CA, USA); b is the Burgers vector of ferrite
(0.248 nm); and a is the austenite lattice parameter in Å.

2.3. Mechanical Testing

In accordance with GB/T228.1-2021, plate samples with a parallel length of 52 mm
and a cross-section of 15 mm × 4 mm were used for tensile tests, which were conducted
using the MTS-CMT5105 universal testing machine (Millennium Technology Services, San
Francisco, CA, USA), with a loading rate of 3 mm/min. Standard Charpy V-notch samples,
with dimensions of 10 mm × 10 mm × 50 mm, were used to measure the impact toughness
at room temperature using the JBDW-300D impact tester (Jinan Kehui test equipment Co.,
LTD, Jinan, China). For each heat treatment process, three samples were tested.

3. Results
3.1. Transformation Kinetics

Figure 2 shows the bainite transformation kinetics curves, including dilatation–tem-
perature curves, dilatation–time curves, and transformation rate–time curves of the samples
at different austenitizing temperatures. The cooling rate from austenitizing stage down
to isothermal stage is large enough to avoid the formation of ferrite and pearlite, so the
starting temperature of the dilatation–temperature curve of the samples was chosen to
be 500 ◦C, as shown in Figure 2a. Temperature-independent bainite formation occurs
immediately when the austempering temperature reaches 340 ◦C. During further cooling
to room temperature, there is no obvious deviation of the dilatation–temperature curves,
indicating that the blocky retained austenite does not decompose into martensite, as shown
by the dashed box in Figure 2a. The dilatation–temperature curves at the austempering
stage were normalized to obtain the dilatation–time curves, as shown in Figure 2b. There is
no obvious transformation incubation time for all the samples at different austenitizing
temperatures. The completion time of isothermal bainite transformation was determined
though the tangent method. The isothermal bainite completion times of the samples at
950–1100 ◦C were 820.2 s, 687.0 s, 708.6 s and 802.2 s. The transformation rate–time curves
were obtained by derivation of the dilatation–time curves, as shown in Figure 2c. At the
beginning of the isothermal stage, the bainite transformation rate reaches the maximum
value, and then decreases gradually as the isothermal time increases. It is worth mentioning
that the transformation rate of the sample austenitized at 1000 ◦C is higher than those of
the samples which were austenitized at 950 ◦C, 1050 ◦C and 1100 ◦C.

The bainite transformation kinetic curves of the samples austempering at different
temperatures are shown in Figure 3. When the isothermal bainite transformation temper-
atures were 310 and 320 ◦C, as shown in Figure 3a, the dilatation–temperature curves of
the samples deviated slightly after the temperature drops below Ms, indicating that the
prior martensite formed before isothermal bainite transformation. The lower the isothermal
bainite transformation temperature, the higher the volume fraction of prior martensite
formation [16–19]. The dilatation–time curves and bainite transformation rate–time curves
of the sample austempered at different temperatures were obtained similarly with those
in the case of samples austenitized at different temperatures. The results are shown in
Figure 3b,c. The transformation incubation times of the samples austempered at 310–350 ◦C
are also not obvious like those of the samples austenitized at 950–1100 ◦C. Except for the
samples austempered at 310 ◦C, the bainite transformation completion times of the samples
austempered at 320 ◦C, 340 ◦C and 350 ◦C are not different, which are 658.8 s, 687.0 s and
678.8 s, respectively. Although a larger degree of supercooling provides higher transforma-
tion dynamic, and more α/γ interfaces provide nucleation sites for bainite transformation,
the transformation completion time of the sample austempered at 310 ◦C is 1184.4 s, which
is significantly longer than in the case of the other austempered samples. The maximum
transformation rate increases with the increase in austempering temperature, and decreases
after reaching the peak value at 340 ◦C. It is worth noting that the maximum transforma-
tion rate of the samples austempered at 350 ◦C appears 18 s after the beginning of the
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bainite transformation, while the other austempered samples have no obvious transforma-
tion incubation period, and the maximum transformation rate occurs at the beginning of
bainite transformation.
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3.2. Microstructure

The microstructural macroscopic morphology of ultra-fine bainite within the sample
under different isothermal transformation process parameters are shown in Figures 4–7.
It can be observed that the microstructure of the samples after different austempering
processes is the same, which is composed of bainitic ferrite plates and retained austenite, in
which the retained austenite shows film-like and blocky morphology. The microstructural
composition and the morphology of ultra-fine bainite from the samples austenitized at
different temperatures are shown in Figures 4 and 5, respectively. The ultra-fine bainitic
ferrite plates nucleate at the prior austenite grain boundary (PAG) or α/γ interface, and
grow into the grain interior. In order to measure the size of prior austenite grain size,
samples were directly quenched into water from different austenitizing temperatures, and
the PAG was etched using an electrochemical etching method [27]. The equivalent grain
size of prior austenite in the tested sample is smaller than 30 µm after austenitizing at
950 and 1000 ◦C, and increases significantly when the austenitizing temperature exceeds
1000 ◦C (Figure 6a). It can be seen from the SEM micrographs that the size of blocky
retained austenite and the length of bainitic ferrite plate (LBF) increase with an increment in
austenitizing temperate. To analyze quantitatively the effect of austenitizing temperature
on the microstructure of ultra-fine bainite, the average length and true thickness of bainitic
ferrite were measured 100 times based on SEM and TEM micrographs. The true thickness
of bainitic ferrite (tBF) can be obtained according the following equation:

tBF = 2LT/π (5)

where LT presents the mean linear intercept, which is determined along the normal direction
of the bainitic ferrite plates. The statistical results are compared and listed in Figure 6b.
The value of LBF increases linearly with the austenitizing temperature from 950 ◦C to
1100 ◦C, but the rule does not apply to the case of tBF. The tBF increases slowly when the
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austenitizing temperature increases from 950 ◦C to 1000 ◦C. However, the tBF increases
significantly when the austenitizing temperature exceeds 1000 ◦C. The strength of ultra-fine
bainite steel depends on the true thickness of bainitic ferrite plates, and the finer plates, the
higher strength of the tested steel.

Materials 2024, 17, x FOR PEER REVIEW 7 of 17 
 

 

°C to 1100 °C, but the rule does not apply to the case of tBF. The tBF increases slowly when 
the austenitizing temperature increases from 950 °C to 1000 °C. However, the tBF increases 
significantly when the austenitizing temperature exceeds 1000 °C. The strength of ul-
tra-fine bainite steel depends on the true thickness of bainitic ferrite plates, and the finer 
plates, the higher strength of the tested steel. 

 
Figure 4. SEM micrographs of the samples austenitized at different temperatures: (a) 950 °C, (b) 
1000 °C, (c) 1050 °C, (d) 1100 °C. 

 
Figure 5. TEM micrographs of the samples austenitized at different temperatures: (a) 950 °C, (b) 
1000 °C, (c) 1050 °C, (d) 1100 °C. 

Figure 4. SEM micrographs of the samples austenitized at different temperatures: (a) 950 ◦C,
(b) 1000 ◦C, (c) 1050 ◦C, (d) 1100 ◦C.

Materials 2024, 17, x FOR PEER REVIEW 7 of 17 
 

 

°C to 1100 °C, but the rule does not apply to the case of tBF. The tBF increases slowly when 
the austenitizing temperature increases from 950 °C to 1000 °C. However, the tBF increases 
significantly when the austenitizing temperature exceeds 1000 °C. The strength of ul-
tra-fine bainite steel depends on the true thickness of bainitic ferrite plates, and the finer 
plates, the higher strength of the tested steel. 

 
Figure 4. SEM micrographs of the samples austenitized at different temperatures: (a) 950 °C, (b) 
1000 °C, (c) 1050 °C, (d) 1100 °C. 

 
Figure 5. TEM micrographs of the samples austenitized at different temperatures: (a) 950 °C, (b) 
1000 °C, (c) 1050 °C, (d) 1100 °C. 

Figure 5. TEM micrographs of the samples austenitized at different temperatures: (a) 950 ◦C,
(b) 1000 ◦C, (c) 1050 ◦C, (d) 1100 ◦C.

120



Materials 2024, 17, 2225Materials 2024, 17, x FOR PEER REVIEW 8 of 17 
 

 

 
Figure 6. Grain size of prior austenite (a) and thickness and length of bainitic ferrite plate (b) 
changing with the austenitizing temperature. 

 
Figure 7. XRD patterns of the samples after different heat treatments: (a) austenitizing temperature; 
(b) austempering temperature. 

The XRD patterns of the samples austenitized at different temperatures are shown in 
Figure 8a. the microstructure of the samples is composed of ferrite phase (α) and austen-
ite phase (γ), and no diffraction peak of carbide. The volume fractions and average car-
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the average carbon content of the retained austenite shows an opposite change, and the 
average carbon content of the retained austenite reaches the peak value of 1.9% when the 
austenitizing temperature is selected as 1000 °C. The carbon content of retained austenite 
is closely related to the plasticity and toughness of ultra-fine bainitic steel [48]. Based on 
the Gaussian multi-peak fitting method, (200) austenite peak was selected to analyze the 
volume fraction and carbon content of film-like and blocky retained austenite within the 
tested steel [6]. The corresponding calculation results are also shown in Table 1. The 
carbon contents of film-like retained austenite in the samples after austenitizing at 1000 
and 1050 °C are significantly higher than those of other samples. However, the carbon 
content of blocky retained austenite has little correlation with the austenitizing temper-
ature, which may be related to the isothermal bainite transformation process of super-
cooled austenite. 
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The XRD patterns of the samples austenitized at different temperatures are shown
in Figure 8a. the microstructure of the samples is composed of ferrite phase (α) and
austenite phase (γ), and no diffraction peak of carbide. The volume fractions and average
carbon contents of retained austenite were counted and are listed in Table 1. With the
increase in austenitizing temperature, the volume fraction of retained austenite within
the samples first decreases and then increases. The volume fraction of retained austenite
reaches the lowest value of 8.8 vol.% from the sample austenitized at 1000 ◦C. However,
the average carbon content of the retained austenite shows an opposite change, and the
average carbon content of the retained austenite reaches the peak value of 1.9% when the
austenitizing temperature is selected as 1000 ◦C. The carbon content of retained austenite
is closely related to the plasticity and toughness of ultra-fine bainitic steel [48]. Based
on the Gaussian multi-peak fitting method, (200) austenite peak was selected to analyze
the volume fraction and carbon content of film-like and blocky retained austenite within
the tested steel [6]. The corresponding calculation results are also shown in Table 1. The
carbon contents of film-like retained austenite in the samples after austenitizing at 1000 and
1050 ◦C are significantly higher than those of other samples. However, the carbon content
of blocky retained austenite has little correlation with the austenitizing temperature, which
may be related to the isothermal bainite transformation process of supercooled austenite.
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Table 1. Microstructural parameters of the tested steels at different austenitizing temperatures.

Temperature,
◦C

ρ × 1015

m−2 VB, % Vγ, % Cγ, wt. % VF-RA, % CF-RA, wt.% VB-RA, % CB-RA,
wt.%

950 3.3 ± 0.5 83.9 ± 0.6 16.1 ± 0.4 1.3 ± 0.1 8.5 1.4 7.6 1.2
1000 5.4 ± 0.3 91.2 ± 0.5 8.8 ± 0.5 1.9 ± 0.3 3.4 2.5 5.5 1.3
1050 4.9 ± 0.7 89.6 ± 0.5 10.4 ± 0.5 1.8 ± 0.4 3.5 2.4 6.9 1.2
1100 4.1 ± 0.8 86.6 ± 0.6 13.4 ± 0.4 1.5 ± 0.3 4.5 1.6 8.9 1.4

The ultra-fine bainite microstructural morphology from the samples austempered at
different temperatures is shown in Figures 8 and 9. Like the case of that austenitized at
different temperatures, the microstructural parameters of the tested steel were also counted
and are shown in Figure 10. When the austempered temperature is below Ms, specifically
310 ◦C, the true thickness of bainitic ferrite plates within the samples is significantly finer
than those of the samples whose austempered temperatures are above Ms. The lower the
austempered temperature, the finer the bainitic ferrite plate, which can be explained by the
fact that prior martensite in supercooled austenite provides more nucleation sites for the
following bainite transformation.
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The ultra-fine bainite microstructural morphology from the samples austempered at 
different temperatures is shown in Figures 8 and 9. Like the case of that austenitized at 
different temperatures, the microstructural parameters of the tested steel were also 
counted and are shown in Figure 10. When the austempered temperature is below Ms, 
specifically 310 °C, the true thickness of bainitic ferrite plates within the samples is sig-
nificantly finer than those of the samples whose austempered temperatures are above 
Ms. The lower the austempered temperature, the finer the bainitic ferrite plate, which can 
be explained by the fact that prior martensite in supercooled austenite provides more 
nucleation sites for the following bainite transformation. 
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itizing temperature, the austempering temperature shows little effect on the carbon con-
tent of blocky retained austenite. Although the volume fraction of blocky retained aus-
tenite (VB-RA) increases significantly for the sample austempered below Ms, more carbon 
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The XRD pattern of the samples austempered at different temperatures is shown in
Figure 8b, and the volume fraction of prior martensite, bainitic ferrite, retained austenite
and the average carbon content within the latter phase of the samples is calculated and
shown in Figure 11. The constitution of the microstructures of the samples are different
when the austempering temperature is below or above Ms. For the samples austempered
below Ms, although the volume fraction of retained austenite changes little, the average
carbon content of retained austenite decreases significantly. However, the volume fraction
of retained austenite increases with an increment in temperature, and the average carbon
content within it changes in the opposite way when the austempering temperature is above
Ms. The calculated results of retained austenite with film-like and blocky morphology
and their carbon content based on the Gaussian multi-pears fitting method are listed and
compared in Table 2. On the whole, like the case of the effect of austenitizing temperature,
the austempering temperature shows little effect on the carbon content of blocky retained
austenite. Although the volume fraction of blocky retained austenite (VB-RA) increases
significantly for the sample austempered below Ms, more carbon atoms are injected into
film-like retained austenite. When austempering temperature exceeds Ms, both the volume
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fractions of the two morphologies of the retained austenite increase with an increment
in austempering temperature, but the carbon content of the film-like retained austenite
decreases, as shown in Table 2.
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Figure 11. Volume fraction of constituting phases and carbon content of retained austenite from
the samples austempered at different temperatures. VM: prior martensite, VB: bainitic ferrite, Vγ:
retained austenite.

Table 2. Microstructural parameters of retained austenite from the samples austempered at differ-
ent temperatures.

Temperature,
◦C VF-RA, % CF-RA, wt.% VB-RA, % CB-RA, wt.%

310 2.5 2.4 12.9 1.5
320 9.4 1.7 6.9 1.5
340 3.4 2.5 5.5 1.4
350 7.7 1.7 6.7 1.4

3.3. Mechanical Properties

The engineering stress–strain curves of the samples austenitized at various temper-
atures are shown in Figure 12a. As observed, the engineering stress–strain curves of the
samples austenitized at different temperatures do not have much difference except when
austenitizing at 950 ◦C. The value of the yield strength (YS), ultimate tensile strength (UTS),
yield ratio, uniform elongation (UEL), total elongation (TEL) and impact toughness at room
temperature of different austenitized samples are summarized and shown in Figure 13.
The UTS and TS are higher in the samples austenitized at 1000–1100 ◦C (~1300 MPa and
900 MPa, respectively) compared to the sample austenitized at 950 ◦C (1200 MPa and
800 MPa). Although the value of tBF of the 950 ◦C sample is close to that of the 1000 ◦C
sample, the volume fraction of bainitic ferrite and the dislocation density within are prob-
ably due to the increase in strength. The UEL of different austenitized samples exhibit a
weaker correlation with austenitizing temperature, while the TEL and impact toughness of
austenitized samples increase firstly and then decrease with the increase in austenitizing
temperature. The austenitized samples have lower impact toughness and show brittle
behavior under room temperature; however, the 1000 ◦C austenitized sample exhibits an
extraordinary impact toughness of approximately 25 J. By contrast, the 950 ◦C austenitized
sample only absorbs half of this value at the same impact testing.

124



Materials 2024, 17, 2225Materials 2024, 17, x FOR PEER REVIEW 12 of 17 
 

 

 
Figure 12. Engineering stress–strain curves of the tested steel after different heat treatments: (a) 
austenitizing temperature; (b) austempering temperature. 

 
Figure 13. Mechanical property parameters of the samples after austenitizing at different temper-
atures: (a) strength and yield ratio, (b) elongation and impact toughness. 

Figure 12b shows the engineering stress–strain curves of the samples austempered 
at above and below Ms. Unlike the case of austenitized samples, the tensile curves of the 
samples, austempered at 310 °C, 320 °C (below Ms) and 340 °C, 350 °C (above Ms), are 
not obviously different, but their strengths and elongation are varied. The parameters of 
tensile property and impact toughness of the austempered samples are summarized and 
compared in Figure 14. It can be seen that the austempering temperature shows little ef-
fect on the UTS of the samples. When the austempering temperature is above Ms, the 
value of YS and impact toughness of the samples decrease, while the elongation increase 
with the increase in austempering temperature. The same phenomenon also occurs when 
the austempering temperature is below Ms. This may be related to the volume fraction of 
bainite and prior martensite as well as the mechanical stability of retained austenite. The 
microstructure of the samples is composed of bainitic ferrite and retained austenite when 
austempered at 340 and 350 °C. Their mechanical properties depend on the volume frac-
tion of bainite ferrite and the thickness of the plates as well as the mechanical stability of 
the residual austenite. After austempering at 310 and 320 °C, the prior martensite formed 
in the microstructure of the samples, and the lower the austempering temperature, the 
higher the volume fraction of prior martensite. The presence of prior martensite not only 
change the composition of the samples, but also refine the thickness of bainitic ferrite 
plate and decrease the average carbon content of retained austenite. The phases and 
corresponding microstructure parameter on the mechanical properties of the austem-
pered samples will be discussed in Section 4. 

Figure 12. Engineering stress–strain curves of the tested steel after different heat treatments:
(a) austenitizing temperature; (b) austempering temperature.

Materials 2024, 17, x FOR PEER REVIEW 12 of 17 
 

 

 
Figure 12. Engineering stress–strain curves of the tested steel after different heat treatments: (a) 
austenitizing temperature; (b) austempering temperature. 

 
Figure 13. Mechanical property parameters of the samples after austenitizing at different temper-
atures: (a) strength and yield ratio, (b) elongation and impact toughness. 

Figure 12b shows the engineering stress–strain curves of the samples austempered 
at above and below Ms. Unlike the case of austenitized samples, the tensile curves of the 
samples, austempered at 310 °C, 320 °C (below Ms) and 340 °C, 350 °C (above Ms), are 
not obviously different, but their strengths and elongation are varied. The parameters of 
tensile property and impact toughness of the austempered samples are summarized and 
compared in Figure 14. It can be seen that the austempering temperature shows little ef-
fect on the UTS of the samples. When the austempering temperature is above Ms, the 
value of YS and impact toughness of the samples decrease, while the elongation increase 
with the increase in austempering temperature. The same phenomenon also occurs when 
the austempering temperature is below Ms. This may be related to the volume fraction of 
bainite and prior martensite as well as the mechanical stability of retained austenite. The 
microstructure of the samples is composed of bainitic ferrite and retained austenite when 
austempered at 340 and 350 °C. Their mechanical properties depend on the volume frac-
tion of bainite ferrite and the thickness of the plates as well as the mechanical stability of 
the residual austenite. After austempering at 310 and 320 °C, the prior martensite formed 
in the microstructure of the samples, and the lower the austempering temperature, the 
higher the volume fraction of prior martensite. The presence of prior martensite not only 
change the composition of the samples, but also refine the thickness of bainitic ferrite 
plate and decrease the average carbon content of retained austenite. The phases and 
corresponding microstructure parameter on the mechanical properties of the austem-
pered samples will be discussed in Section 4. 

Figure 13. Mechanical property parameters of the samples after austenitizing at different tempera-
tures: (a) strength and yield ratio, (b) elongation and impact toughness.

Figure 12b shows the engineering stress–strain curves of the samples austempered
at above and below Ms. Unlike the case of austenitized samples, the tensile curves of the
samples, austempered at 310 ◦C, 320 ◦C (below Ms) and 340 ◦C, 350 ◦C (above Ms), are
not obviously different, but their strengths and elongation are varied. The parameters of
tensile property and impact toughness of the austempered samples are summarized and
compared in Figure 14. It can be seen that the austempering temperature shows little effect
on the UTS of the samples. When the austempering temperature is above Ms, the value
of YS and impact toughness of the samples decrease, while the elongation increase with
the increase in austempering temperature. The same phenomenon also occurs when the
austempering temperature is below Ms. This may be related to the volume fraction of
bainite and prior martensite as well as the mechanical stability of retained austenite. The
microstructure of the samples is composed of bainitic ferrite and retained austenite when
austempered at 340 and 350 ◦C. Their mechanical properties depend on the volume fraction
of bainite ferrite and the thickness of the plates as well as the mechanical stability of the
residual austenite. After austempering at 310 and 320 ◦C, the prior martensite formed in
the microstructure of the samples, and the lower the austempering temperature, the higher
the volume fraction of prior martensite. The presence of prior martensite not only change
the composition of the samples, but also refine the thickness of bainitic ferrite plate and
decrease the average carbon content of retained austenite. The phases and corresponding
microstructure parameter on the mechanical properties of the austempered samples will be
discussed in Section 4.
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4. Discussion

In the process of manufacturing ultra-fine bainitic steel by conventional one-step
austempering, the transformation kinetics, microstructural morphology and mechanical
properties of bainite mainly depend on the driving force of bainite transformation and the
nuclei site for bainitic ferrite plates [49]. In the present paper, the effects of transformation
temperature on bainite finishing time, the thickness of bainitic ferrite plates and the density
dislocation within it, the volume fraction of retained austenite and carbon content within
it, and the tensile and impact properties of the tested steel at different austenitizing and
austempering temperatures were all analyzed to explore the optimal one-step isothermal
quenching process.

At the same austempering temperature, which is above Ms, bainitic ferrite mainly
nucleates at the grain boundaries of prior austenite (PAG) or the bainite sheaves formed in
the early transformation, and grows into untransformed austenite grain (Figure 1). After
austenitizing at 950 ◦C, finer austenite grains are formed in the tested steel. Compared
to that in the samples austenitized at higher temperature (e.g., 1000 ◦C), the proportion
of PAG in the sample is higher, which means that more bainite sheaves can be formed
within a single austenite grain when austempering at the same temperature. In addition,
more nucleation sites also mean that the incubation period of bainite transformation is
very short, which can be reflected in the transformation rate curves that the perk value of
transformation rate reached in the beginning of bainite transformation (Figure 2c). Due
to the formation of the prior bainite sheaves in austenite grain, the growth of the newly
formed bainite lath in the untransformed austenite region is inhibited, which results in a
low transformation rate and a longer transformation finish time.

Another result of the more bainite nuclei sites is that the bainitic ferrite plates is refined
after the transformation is completed, which improves the strength of the tested steel.
The thickness of the plates at 950 and 1000 ◦C is comparable, but the difference in yield
strength between them is 141 MPa, which can be attributed to the dislocation density
(3.3 × 10 15 m−2 to 5.4 × 10 15 m−2) within the bainitic ferrite. The growth of bainite in the
950 ◦C austenitized sample is inhibited, resulting in retained austenite with high volume
fraction in the final microstructure, especially the blocky retained austenite (8.6 vol.%). The
blocky retained austenite with low carbon content tends to transform to martensite during
the tensile and impact process, which is harmful to the plasticity and toughness of the
tested steel. As a result, the impact toughness of the 950 ◦C sample is only 17.6 J, which is
consistent with the results for the previous study [50].

After the austenitizing temperature exceeds 1000 ◦C, with the increase in austenitizing
temperature, the prior austenite grain size increases obviously, but the ratio of grain
boundary in tested steel decreases and then reduces the bainite nuclei sites. Nonetheless,
the growth inhibition of bainitic ferrite plates is weaker, and the length of the plates
increases significantly (Figure 6). After the austenitizing temperature is further increased
to 1100 ◦C, the prior austenite grain size increases significantly, which can be reflected
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by the length of bainite ferrite plates after the transformation is completed. Although
the highest degree of supercooling can provide the highest driving force for following
bainite transformation, the proportion of PAG acted as the bainite nuclei site is lower
compared with that in the 1000 ◦C austenitized sample, leading to the thicker bainite ferrite
plates formed in the final microstructure (Figure 5d). In this case, the diffusion distance of
carbon atoms from bainitic ferrite to adjacent film-like austenite increases in the isothermal
process, resulting in the longer finishing time of bainite. More carbon atoms are retained in
untransformed austenite after the transformation, forming more blocky retained austenite
with low mechanical stability. The slight decrease in plasticity and impact toughness of the
tested steel can be attributed to the increase in volume fraction of the retained austenite in
the bainite microstructure.

The final microstructure of ultra-fine bainitic steel is composed of bainitic ferrite and
retained austenite when the austempering temperature is above Ms. Like the case of
austenitizing temperature, the transformation kinetics, microstructural size and mechanical
properties of bainitic steel is determined by the degree of supercooling. Although the
incubation period is also not very obvious, and the finishing time of bainite for the 350 ◦C
austempered sample is comparable to that of the sample austempered at 340 ◦C, the max
transformation rate for the former occurs 18 s after the beginning of the austempered
process (Figure 3c). A lower degree of supercooling means a lower driving force for
the following bainite transformation, leading to a lower degree completion of the final
transformation. Not only did the thickness of bainitic ferrite plates increase (Figure 10),
but the volume fraction of the retained austenite also increased while the average carbon
content decreased (Figure 11). On the condition that the volume fraction and carbon
content of blocky retained austenite in the two samples are not much different, the volume
fraction of film-like retained austenite in the 350 ◦C austempered sample is higher and the
carbon content is lower compared to the 350 ◦C austempered sample. The TRIP effect tends
to occur in film-like retained austenite with lower carbon content during tensile test to
release stress concentration and prevent microcrack propagation, which results in a higher
plasticity of the 350 ◦C austempered sample.

It has been known that the surface or tips of the prior martensite act as the nuclei for
subsequent bainitic ferrite plates and accelerate the bainite transformation [51]. However,
the finishing time of bainite in the paper increased when the austempering temperature
was below Ms, and the lower the austempering temperature, the longer the finishing time
(Figure 3b). The phenomenon can be explained as follows. Firstly, the prior martensite
divides the supercooled austenite grain and suppresses it as the bainitic ferrite grows.
Secondly, more carbon atoms are ejected from prior martensite to untransformed austenite
and improve the stability of the latter. And thirdly, decreasing the austempering temper-
ature also strengthens the stability of supercooled austenite. The combined effect of all
the above factors suppresses the growth of bainite, thus increasing the finishing time of
bainite transformation.

As demonstrated by the aforementioned SEM and TEM micrographs, on the one hand,
the introduction of prior martensite refines the bainitic ferrite plates and improves the fine
grain strengthening effect. On the other hand, the presence of hard martensite grain can also
improve the strength of the sample. The lower the austempering temperature, the higher
the strength of the ultra-fine bainitic steel (Figure 14a). Furthermore, the size/morphology
and carbon content of retained austenite are two major factors affecting the mechanical
properties of ultra-fine bainitic steel: a finer grain size and a higher carbon content give
rise to higher stability [52]. The prior martensite also refines the size of film-like retained
austenite, and improve the carbon content within it (Table 2). The higher the carbon content
of the film-like retained austenite, the higher the mechanical stability, and a more difficult
TRIP effect occurs when the crack spreads to the austenite during deformation. Compared
to that in the 320 ◦C austempered sample, more of the prior martensite formed in the 310 ◦C
austempered sample, resulting in a lower completion degree of bainite transformation.
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However, the carbon content of film-like retained austenite in the latter sample is significant,
so the impact toughness of the sample clearly improved.

A competitive relationship is observed between the nuclei sites and the growth of
bainite sheaves when studying the effect of transformation temperature on bainite transfor-
mation kinetics, microstructural parameters, tensile and impact properties. The nuclei sites
of bainite determine the thickness of bainitic ferrite plates and thus the strength of ultra-fine
bainitic steel. The degree of transformation completion, which depends on the growth
of bainite sheaves, not only determines the finishing time of bainite transformation, but
also determines the plasticity and impact toughness of ultra-fine bainitic steel by affecting
the volume fraction of film-like and blocky retained austenite and carbon content within
it. Based on the above experimental results and discussion, the optimal treatment for
medium-carbon ultra-fine bainitic steel in the present paper is by austenitizing it at 1000 ◦C
and austempering it at 340 ◦C.

5. Conclusions

The effects of transformation temperature, i.e., austenitizing temperature and austem-
pering temperature, on transformation kinetics, microstructural completion and parameters
and the mechanical properties of medium-carbon ultra-fine bainite steel were investigated.
The main conclusions are summarized as follows:

(1) With the austenitizing temperature increase from 950 to 1000 ◦C, the increase in the
mechanical property of medium-carbon bainitic steel can be attributed to the higher
volume fraction of bainite ferrite and the higher dislocation density within it. When
the austenitizing temperature exceeds 1000 ◦C, the volume fraction of blocky retained
austenite in the final bainite microstructure increases due to the obvious coarsening of
prior austenite grain, and the plasticity and impact toughness are gradually reduced.

(2) The finishing time and completion degree of bainite transformation depend on the
degree of the undercooling of prior austenite when the austempering temperature
is above Ms. With the increase in austempering temperature, the finishing time
of bainite transformation is clearly extended, and the completion degree of bainite
transformation decreases. The increment in elongation and the decrement in impact
toughness for medium-carbon bainitic steel can be attributed to the coarsening of
bainitic ferrite plates, the increase in the volume fraction of retained austenite with
film-like morphology and the decrease in the carbon content within it.

(3) The prior martensite forms before bainite transformation when the austempering
temperature is below Ms. With the decrease in austempering temperature, the higher
degree of supercooling and the presence of prior martensite refines the bainitic ferrite
plates and increases the carbon content of film-like retained austenite, thereby signifi-
cantly improving the strength and impact toughness of medium-carbon bainitic steel.
However, the introduction of prior martensite inhibits the growth of bainite sheaves,
and thus reduces the completion of bainite transformation, resulting in a significant
increase in the volume fraction of blocky retained austenite and a slight decrease in
the elongation of medium-carbon bainitic steel. Based on the experimental results
and discussion, the optimal treatment for medium-carbon ultra-fine bainitic steel in
the present paper is through austenitization at 1000 ◦C and austempering at 340 ◦C.
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Analysis of the Uniformity of Mechanical Properties along the
Length of Wire Rod Designed for Further Cold Plastic Working
Processes for Selected Parameters of Thermoplastic Processing
Konrad Błażej Laber

Department of Metallurgy and Metal Technology, Faculty of Production Engineering and Materials Technology,
Czestochowa University of Technology, 19 Armii Krajowej Ave., 42-200 Czestochowa, Poland;
konrad.laber@pcz.pl; Tel.: +48-34-325-07-97

Abstract: This study presents the results of research, the aim of which was to analyze the uniformity
of the distribution of selected mechanical properties along the length of a 5.5 mm diameter wire rod of
20MnB4 steel for specific thermoplastic processing parameters. The scope of the study included, inter
alia, metallographic analyses, microhardness tests, thermovision investigations, and tests of the wire
rod mechanical properties (yield strength, ultimate tensile strength, elongation, relative reduction in
area at fracture), along with their statistical analysis, for three technological variants of the rolling
process differing by rolling temperature in the final stage of the rolling process (Reducing Sizing Mill
rolling block [RSM]) and by cooling rate using STELMOR® cooling process. The obtained results led to
the conclusion that the analyzed rolling process is characterized by a certain disparity of the analyzed
mechanical properties along the length of the wire rod, which, however, retains a certain stability.
This disparateness is caused by a number of factors. One of them, which ultimately determines
the properties of the finished wire rod, is the process of controlled cooling in the STELMOR® line.
Despite technological advances concerning technical solutions (among them, increasing the roller
track speed in particular sections), it is currently not possible to completely eliminate the temperature
difference along the length of the wire rod caused by the contact of individual coils with each other.
From this point of view, for the analyzed thermoplastic processing parameters, there is no significant
impact by the production process parameters on the quality of the finished steel product. Whereas,
while comparing the mechanical properties and microstructure of the wire rod produced in the
different technological combinations, it was found that the wire rod rolled in an RSM block at 850 ◦C
and cooled after the rolling process on a roller conveyor at 10 ◦C/s had the best set of mechanical
properties and the smallest microstructure variations. The wire rod produced in this way had the
required level of plasticity reserve, which enables further deformation of the given type of steel in
compression tests with a relative plastic strain of 75%. The uniformity of mechanical properties along
the length of wire rods designed for further cold plastic working processes is an important problem.
This is an important issue, given that wire rods made from 20MnB4 steel are an input material for
further cold plastic working processes, e.g., for the drawing processes or the production of nails.

Keywords: wire rod rolling; metallographic analysis; thermovision investigation; mechanical properties;
steel for cold upsetting

1. Introduction

The quality of a wire rod is mainly determined by the temperature–strain rolling
parameters in the finishing rolling blocks and the cooling rate of the wire rod on the
roller conveyor using blown air. Rolling in finishing blocks is a complex process due
to the interaction between metal and tools in the rolling mill stands having a common
drive and the occurrence of inter-stand forces. High rolling speeds and small distances
between stands in the rolling blocks determine the material’s strengthening and softening
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processes. High rolling speeds also affect the heat transfer between the roll, the tools,
and the surroundings, as well as the end-of-rolling temperature, which, together with
subsequent cooling, influences the microstructure and properties of the finished product [1].

The uniformity of the mechanical properties along the length of the rolled band
depends on a number of factors. Among the most important is the temperature distribution
along the length of the rolled material throughout the whole rolling line, from the heating
furnace to the cooling process of the finished product. The influence of the uniformity
of the temperature distribution along the length of the feedstock on the properties of the
finished product was discussed by the authors of the study, among others [2]. In their
study, they proposed, among other things, ways to reduce differences in temperature by
using special heat covers. According to the results presented in [2], it was determined,
inter alia, that the temperature uniformity along the processed wire rod has a significant
effect on the mechanical properties of the finished product. Uniformity of temperature
along the length of the rolled band also influences the plasticity of the metal’s flow and,
thus, the dimensional accuracy of the finished product, as evidenced by the results of
studies presented, among others, in [3]. Divergences in the temperature distribution along
the length of the rolled metal also affect the energy and force parameters of the rolling
process. With the view of reducing temperature inhomogeneity along the length of the
rolled band, the authors of [3] proposed a solution consisting of heating in the furnace to a
higher temperature during the final stretch of the feedstock.

An important stage determining the uniformity of the mechanical properties of the
wire rod along its length is the process of controlled cooling in the STELMOR® line. This
issue was researched by the authors of, inter alia, [4,5]. The results obtained indicated that,
among other factors, the nonuniformity of the mechanical properties of the wire rod along
its length is due to the characteristic arrangement of the coils (in the form of a “spiral”)
during the cooling process. As a result of the contact of the individual coils with each other,
areas of varying (elevated) temperature, so-called ‘hot spots’, are created, which result in
different microstructure development during cooling and consequently in heterogeneity of
the mechanical properties of the finished product. The authors of [4,5] indicated ways to
reduce the distinction in mechanical properties along the length of the wire rod by, among
other things, changing the density of the wire coils’ setting on the roller conveyor. In
addition, [4] proposed a comprehensive model for predicting the properties of wire rods.

The authors of [6–12] also dealt with issues related to heat transfer during controlled
cooling of wire rods on a roller conveyor. These works can be used in detailed studies
of the conditions for cooling the wire rod, e.g., to improve the uniformity of the wire
rod properties along its length. Study [8] presents a model for simulating the cooling
process of wire rods on a roller conveyor. The study takes into account all types of heat
transfer as well as coils’ density. A system for testing and recording the temperature of
wire rods during cooling on a roller conveyor is presented in [6]. It was used during
industrial research aimed, inter alia, at determining the interdependence between the
cooling rate and the mechanical properties of the finished product. Study [12] presents a
system for controlling the wire rod attributes during cooling on a roller conveyor based on
time–temperature-transformation (TTT) diagrams.

Despite technological advances in the applied technical solutions (such as increasing
the roller track speed in particular sections, controlling the coil density of the wire rod, air
distribution improving cooling uniformity, new nozzle sets bettering cooling efficiency, or
adding fans of higher capability and equalizing chambers) presented in, inter alia, [13],
complete elimination of the temperature difference along the length of the wire rod caused
by the contact of individual coils with each other constitutes an unresolved problem.

In the technical literature on the rolling process, it is possible to find studies dealing
with the influence of the production process parameters on the quality (mainly microstruc-
ture and mechanical properties) of the finished product [14–25]. Several groups of steels
for wire rod production were described in [14], such as interstitial free (IF) ferritic steels,
ferritic/martensitic steels, and pearlitic micro-alloyed steels. The possibilities of forming
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the microstructure of these steels are described, as well as the basic technological guidelines
for obtaining a finished product with the desired attributes. Study [20] is mainly concerned
with the possibility of improving the properties of low-carbon steel wire rods by introduc-
ing alloy additions into the steel, which enhance the mechanical properties of the finished
product. The authors of this study have shown that an important factor in terms of the range
of applications of the obtained wire rod is the significant increase in its capacity for further
direct cold plastic working processes. Studies [15–19,21] deal with the rolling processes of wire
rods made from high-carbon steels. In these studies, the effects of temperature and cooling
conditions on the microstructure and properties of the wire rod were analyzed. Studies [26,27]
present a model of the microstructure development during the rolling of wire rods made of
high-carbon steel, type C70D, and the test results of using it.

However, few studies analyze the quality of the finished rolled product in terms of
uniformity of microstructure and mechanical properties along its length, especially with
regard to wire rods. A brief analysis of the quality of the finished product concerning
microstructure and mechanical properties along its length can be found in [28], among
others. However, this study deals with smooth round bars.

For this reason, the undertaken research topic, that is, the analysis of the uniformity
of mechanical properties along the length of cold upsetting steel wire rods for selected
thermoplastic processing parameters, is, in the author’s opinion, valid. This is an important
issue, given that wire rods made from 20MnB4 steel are an input material for further cold
plastic processing, e.g., for the drawing industry or the production process of nails.

2. Materials and Methods
2.1. Materials

The tests presented in this study were carried out on a 5.5 mm diameter wire rod made
of low-carbon, cold-upsetting steel of the 20MnB4 type with a chemical composition in
accordance with the PN-EN 10263-4:2004 standard (Table 1) [29].

Table 1. Chemical composition of 20MnB4 steel grade [29].

Steel Grade Steel Number Melt Analysis, mass%

20MnB4 1.5525 C Si Mn Pmax, Smax Cr Cumax B
0.18 ÷ 0.23 ≤0.30 0.90 ÷ 1.20 0.025 ≤0.30 0.25 0.0008 ÷ 0.005

2.2. Characteristics of the Wire Rod Rolling Process—Main Process Parameters of
Thermoplastic Processing

This study was carried out for an exemplary rolling mill of a combined type (com-
bination of bar mill and wire rod mill). The input material for the rolling process was an
ingot from the continuous casting process with a square cross-section, side of 160 mm, and
length of 14.000 mm. The rolling process for the wire rod of 20MnB4 steel, with a final
diameter of 5.5 mm, in the continuous rolling mill took place in 17 rolling passes, while the
rolling in the wire rod mill took place in two rolling blocks: a 10-rolling stand NO-TWIST
MILL (NTM) and 4-rolling stand REDUCING SIZING MILL (RSM).

The analyses presented in this study were carried out for three technological variants
(V1–V3), differing both in the rolling temperature in the RSM rolling block for the wire
rod and in the cooling rate of the finished product on the roller conveyor in STELMOR®

technology. Tables 2 and 3 present the most important thermoplastic processing parameters
for the whole process, studied, determined, and verified in studies [30–32], among others.
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Table 2. Parameters of 5.5 mm diameter wire rod rolling process of 20MnB4 steel grade 1.

Pass No. Temperature
T [◦C] Strain ε [−] Strain Rate.

ε [s−1]
Break Time after

Deformation t
[s] 2

Pass No. Temperature T
[◦C]

Strain ε
[−]

Strain
Rate

.
ε

[s−1]
Break Time after

Deformation t [s] 2

Continuous rolling mill NTM block of wire rod rolling mill

1 1086 0.18 0.16 26.47 18 851 0.49 156.02 0.091
2 1057 0.39 0.35 19.89 19 860 0.51 171.25 0.074
3 1037 0.28 0.39 29.98 20 867 0.56 276.33 0.058
4 1023 0.59 0.96 11.33 21 883 0.54 303.93 0.048
5 1010 0.46 1.15 8.91 22 892 0.56 477.46 0.037
6 995 0.50 2.02 6.13 23 908 0.53 584.28 0.032
7 997 0.45 2.45 11.65 24 918 0.62 991.51 0.024
8 1005 0.48 4.71 3.35 25 941 0.57 1042.10 0.020
9 1009 0.44 5.57 2.63 26 956 0.62 1753.46 0.015
10 1022 0.54 10.39 1.85 27 982 0.56 1809.67 0.82

11 1030 0.48 12.07 3.09 V1 V2, V3 RSM block of wire rod rolling mill

12 1049 0.50 20.53 2.28 28 796 845 0.53 2368.05 0.012
13 1052 0.51 24.74 3.18 29 831 873 0.48 2275.43 0.007
14 1069 0.50 46.34 1.35 30 850 894 0.13 1853.11 0.004
15 1072 0.41 47.13 1.11 31 853 895 0.10 1680.68
16 1087 0.51 79.93 0.90
17 1091 0.31 70.63 8.52

1 Table based on data published at works [30–32], 2 transport time of band between successive rolling stands.

Table 3. Parameters of the controlled cooling process after rolling of 5.5 mm diameter wire rod of
20MnB4 steel grade 1.

Temperature before RSM Rolling Block
T [◦C]

Cooling Method after Rolling Process 2

Stage No. 1

Desired Temperature
Value
T [◦C]

Cooling Time
t, s

Cooling Rate
Cr, ◦C/s

800 (V1) 575 475 0,4
850 (V2) 500 70 5
850 (V3) 500 35 10

1 Table based on data published in [30], 2 In the second cooling stage, the studied steel was cooled to 200 ◦C at a
rate of 1 ◦C/s.

In variant one (V1), the temperature of the wire rod at the entrance to the RSM rolling
block (rolling pass no. 28) was approximately 800 ◦C. After the processed material exited
the RSM rolling block, it was cooled with water under high-pressure to 750 ◦C for 0.3 s at a
rate of 166.67 ◦C/s, using an accelerated cooling system. Further cooling in air took place
on a roller conveyor at a rate of 0.4 ◦C/s, to a temperature of about 575 ◦C and then at a
rate of 1.3 ◦C/s to a temperature of ca. 200 ◦C (heat insulating covers in the STELOR® line
closed, fans switched off).

In variant two (V2), the temperature of the wire rod at the entrance to the RSM rolling
block (rolling pass no. 28) was approximately 850 ◦C. After the processed material exited
the RSM rolling block, it was cooled with blown air at a rate of 5.0 ◦C/s to a temperature
of approximately 500 ◦C and then at a rate of 1.0 ◦C/s to a temperature of approximately
200 ◦C (thermal insulation covers in the STELOMR® line open, fans switched off).

In variant three (V3), the temperature of the wire rod at the entrance to the RSM
rolling block (rolling pass no. 28) was approximately 850 ◦C. After the processed material
exited the RSM rolling block, it was cooled with blown air at a rate of 10.0 ◦C/s to a
temperature of approximately 500 ◦C and then at a rate of 1.0 ◦C/s to a temperature
of approximately 200 ◦C (thermal insulation covers in the STELOMR® line open, fans
switched on—rotational speed 75% of maximum).

2.3. Methods

So as to obtain a finished product with a uniform fine-grained ferritic–pearlitic microstruc-
ture without clear-marked banding, the final deformation stage (rolling in the RSM rolling block)
should take place in the single-phase (austenitic) range, when its temperature is 30 ÷ 80 ◦C
higher than the temperature at the beginning of the austenite transformation Ar3 [1,33–36]. For
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this purpose, numerical modeling of the process under analysis was carried out using QTSteel®

software(ITA Ltd., Ostrava, Czech Republic, Metaltech Services Ltd., Gateshead, UK, release
3.4.1) based on the finite element method [37]. This stage of the study aimed to determine the
temperatures of phase transformations and the contribution of the individual phases of the
microstructure to the thermoplastic processing parameters under analysis.

In addition (for verification), physical modeling of the analyzed wire rod rolling
process using non-free torsion was carried out by using STD 812 torsion plastometer
(manufactured by Bähr Thermoanalyse GmbH Hüllhorst, Germany, now TA Instruments
New Castle, DE, USA), according to the methodology presented in [32]. The purpose
of this stage of research was to determine (check) the microstructure of the steel under
study immediately before the deformation process in the RSM rolling block. Thus, the
tested material was hardened right before the deformation stage, simulating rolling the
wire rod in the RSM rolling block. Then, the metallographic analysis and microhardness
measurements of the resulting microstructure were carried out.

The subsequent stage of the research focussed on checking the uniformity of the
temperature of the rolled band along its length in the rolling line. These tests were carried
out using the ThermaCAM SC640 (FLIR Systems, Wilsonville, OR, USA) thermovision
camera, which is equipped with an uncooled detector [38]. ThermaCAM Researcher
Professional 2.10 (FLIR Systems AB) software was used to process these data.

This was followed by testing selected mechanical properties of the finished wire rod
along its length (including their statistical analysis, by using Statistica ver. 13, TIBCO
Software Inc., Palo Alto, CA, USA), produced according to technological variants V1–V3.
These tests were carried out in a static tension test in accordance with the standard [39] using
a Zwick Z/100 materials testing machine (produced by ZwickRoell, Wroclaw, Poland) [40].
In order to assess the capacity of the tested steel for further cold processing, upsetting tests
were carried out according to the standard [41].

The scope of this study also included microstructure analysis (measurement of ferrite
grain size and hardness using Vickers’ method—loading force 9.81 N, loading time 5 s) of
the wire rod along its length (in longitudinal section).

All metallographic analyses were conducted with light microscopy using a Nikon
Eclipse MA 200 microscope (Nikon Metrology NV, Leuven, Belgium) with NIS-Elements
software [40]. Hardness measurements were conducted using the Vickers’ method with a
FutureTech FM 700 microhardness tester (Kawasaki, Japan) [40].

2.4. Numerical Modelling—Mathematical Model of QTSteel® Software

In the QTSteel® program, when modeling the microstructure and mechanical prop-
erties of heat-treated or thermomechanical-treated steel, data from the cooling curves
on the TTT diagram are used. Calculating the percentage content of the microstructure
components is performed successively for the relevant sections of the cooling curve. To
describe the kinetics of the transformation of individual components of the microstructure,
the program uses the Avrami Equation (1) [42,43]:

Xi(T, t) = (1 − exp(−k(T)× tn(T)))× Xγ, (1)

where: Xi(T, t)—volume fraction of individual components of the microstructure: ferrite,
perlite, bainite, k(T) and n(T)—parameters depending on the transformation mechanism
and places of privileged nucleation and on the cooling rate, calculated based on TTT charts
for a given temperature, T—temperature, t—time,—volume fraction of residual austenite.

The volume fraction of martensite during martensitic transformation is calculated by
using the Koistinen–Marburger equation [37,43]:

Xm(T) = (1 − exp(−b × (Tms − T)n))× Xγ, (2)

where: Xm—volume fraction of martensite, b, n—constant, Tms—martensitic transformation
start temperature, T—temperature, Xγ—volume fraction of residual austenite.
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Vickers HV hardness is determined by means of a regression equation [42,43]:

HV = C0 + X f × ∑ (Di × ci+Xp × ∑ Ei × ci + Xb×∑ Fi × ci+Xm × ∑ Gi × ci, (3)

where: HV—Vickers hardness, X f , Xp, Xb, Xm—volume fractions: ferrite, perlite, bainite,
martensite, C0, Di, Ei, Fi, Gi—constant, ci—the percentage of alloying additions.

The tensile strength was determined based on Equation (4) [42]:

UTS = f (HV) = −a + b × HV, (4)

where: UTS—Ultimate tensile strength, HV—Vickers hardness, and a, b—constant.
Yield strength YS is determined by Equation (5) [42,43]:

YS = f (Dα, Cr, X f , ∑ (Xp + Xb + Xm)), (5)

where: Dα—ferrite grain size, Cr—cooling rate, X f , Xp, Xb, Xm—volume fractions: ferrite,
perlite, bainite, martensite.

Accurate results of research carried out using the DIL 805 A/D dilatometer, the aim of
which was to develop TTT and DTTT diagrams and to determine the best cooling conditions
for 20MnB4 steel, were published in [44]. According to published research, in the case of
cooling wire rods on a roller conveyor, greater accuracy in predicting the microstructure
and mechanical properties of the finished product is achieved based on DTTT charts, which
take into account the deformation process preceding the cooling of the rolled band.

Taking into account the obtained results, the DTTT graph was used to determine
the influence of the cooling conditions on the forming of the wire rod microstructure
immediately after the deformation process. It was concluded that in order to obtain a
ferritic–pearlitic microstructure in the finished product, the cooling rate should not exceed
15 ◦C/s. Faster cooling causes the formation of bainite, bainitic–martensitic, and martensitic
structures in the material, which results in a decrease in the ability of the investigated steel
for further cold plastic working processes or, in extreme cases, prevents it.

Numerical modeling using QTSteel software was carried out using input data shown
in Tables 2 and 3 and published in [30].

3. Results and Discussion

3.1. Numerical Modelling Results—QTSteel® Software

Figure 1 shows part of the DTTT (Deformation Time Temperature Transformation)
graph with phase transformation curves and cooling curves according to variants V1–V3,
obtained as a result of numerical modeling of the thermoplastic processing of the analyzed
rolling process for 5.5 mm diameter wire rods of 20MnB4 steel.

The percentage amounts of microstructure components, hardness, selected mechanical
properties, and characteristic temperature values—obtained from numerical modeling of
the thermoplastic processing of a 5.5 mm diameter wire rod made from 20MnB4 steel—are
shown in Table 4.

According to the analysis of the test results obtained from numerical modeling of
thermoplastic processing of a 5.5 mm diameter wire rod made from 20MnB4 steel according
to variant V1, it was ascertained that the transformation of austenite to ferrite during cooling
(Ar3) began at the temperature of 744 ◦C. In contrast, the temperature of the onset of the
transformation of austenite to pearlite during cooling (Ar1) was 655 ◦C. The temperatures
at the beginning and completion of ferrite to austenite transformation during heating were
correspondingly: 719 ◦C and 827 ◦C. Bearing in mind the earlier stages of rolling (multi-
sequence deformation over a wide temperature range, multi-stage accelerated cooling and
reheating due to heat conduction from the center of the material towards its surface and as
a result of deformation at high rates) [30] as well as the accelerated cooling after rolling in
the RSM block, and upon analyzing the cooling curve (Figure 1) while taking into account
the phase transition temperatures, it can be concluded that the rolling and cooling of steel

136



Materials 2024, 17, 905

in this variant took place in the single-phase range but relatively close to the temperature
of the beginning of austenite to ferrite (Ar3) transformation.

Table 4. Shares of microstructure components, hardness, selected mechanical properties, and charac-
teristic temperature for the conditions of thermoplastic processing of a 5.5 mm diameter wire rod of
20MnB4 steel grade.

Temperature before
RSM Rolling Block

T [◦C]

Contribution of
Microstructure

Components [%]
Vickers

Hardness
[HV]

Yield
Strength

YS
[MPa]

Ultimate
Tensile

Strength
UTS [MPa]

Plasticity
Reserve
YS/UTS

Characteristic Temperature

Ferrite Pearlite Ac3 Ac1 Ar3 Ar1

800 (V1) 94.5 5.5 173 319 516 0.618
827 719

744 655
850 (V2) 84.4 15.6 186 370 560 0.661 752 639
850 (V3) 83.7 16.3 194 392 589 0.666 742 631

where: Ac1—temperature of the beginning of the transformation of ferrite into austenite during heating,
Ac3—temperature of the end of the transformation of ferrite into austenite during heating, Ar3—temperature of
the beginning of austenite transformation into ferrite during cooling, Ar1—temperature of the beginning of the
transformation of austenite into pearlite during cooling.
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Figure 1. Part of the DTTT graph depicting investigated thermoplastic processing conditions for a
5.5 mm diameter wire rod of 20MnB4 steel.

Under these thermoplastic processing conditions, percentage amounts of ferrite and
pearlite were 94.5% and 5.5%, respectively. The average hardness value was 173 HV.
The mechanical properties of the material formed under these conditions were yield
strength—319 MPa and ultimate tensile strength—516 MPa. The plasticity reserve
amounted to 0.618.

Analysis of the results of numerical modeling according to the variant V2 led to the
conclusion that the temperature at the onset of the transformation of austenite to ferrite
during cooling (Ar3) was 752 ◦C. In comparison, the temperature at the onset of austenite
to pearlite transformation during cooling (Ar1) was 639 ◦C. Taking into account the earlier
rolling stages [30] and analyzing the cooling curve (Figure 1), it can be concluded that
both the rolling and cooling of steel in this variant took place in a single-phase range. The
proportions of ferrite and pearlite under these thermoplastic processing conditions were
84.4% and 15.6%, respectively. The average hardness value was 186 HV. The mechanical
properties of the material formed under these conditions were 370 MPa yield strength and
560 MPa ultimate tensile strength, while the plasticity reserve amounted to 0.661. The
increase in hardness and analyzed mechanical properties in this variant compared with
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variant V1 (despite the higher end-of-rolling temperature) may be due, among other factors,
to the higher cooling rate.

Numerical modeling of thermoplastic processing of a 5.5 mm diameter wire rod made
of 20MnB4 steel, according to variant V3, led to the following results: the temperature of
the beginning of the transformation of austenite to ferrite during cooling (Ar3) was 742 ◦C,
while the temperature at the beginning of the transformation of austenite to pearlite during
cooling (Ar1) was 631 ◦C. Comparing the Ar3 temperatures for variants V2 and V3, it can be
noted that an increase in the cooling rate (from the same temperature) results in a decrease
in the Ar3 and Arl transformations temperature, which is consistent with data published
in, inter alia, [45]. Upon analyzing the earlier stages of the rolling process [30] and the
cooling curve (Figure 1), it was determined that both rolling and final cooling of steel in
this variant took place in the single-phase range. Under these conditions, the percentage
ratios of ferrite and pearlite were 83.7% and 16.3%, respectively. The average hardness
was 194 HV. The mechanical properties of the material formed under these conditions
were yield strength—392 MPa and ultimate tensile strength—589 MPa. Plasticity reserve
amounted to 0.666.

3.2. Physical Modelling Results—Multi-Sequence Non-Free Torsion—STD 812 Torsion Plastometer

As indicated, inter alia, in [1,33–36], in order to obtain a finished product with uniform
fine-grained ferritic–pearlitic microstructure variations, the final stage of deformation
(rolling in the RSM rolling block) should take place in the single-phase (austenitic) range,
when its temperature is 30 ÷ 80 ◦C higher than the temperature at the beginning of the
austenite transformation Ar3.

In order to check (verify) the microstructural state of the steel under investigation,
physical modeling of the analyzed rolling process was carried out immediately prior to
rolling in the RSM rolling block. This modeling was conducted in multi-sequence torsion
tests according to the methodology described in detail in [32], using an STD 812 torsion
plastometer. During the physical modeling, the tested steel was hardened immediately
prior to the deformation stage, simulating a rolling wire rod in the RSM rolling block. It
is not possible to carry out this type of research directly in the rolling line of the analyzed
wire rod. Metallographic analysis and microhardness measurements of the resulting
microstructure were then carried out.

Physical modeling was carried out in accordance with the temperature and deforma-
tion parameters shown in Tables 2 and 3 and published, inter alia, in [30,32].

A schematic depiction of the physical modeling of wire rod rolling is shown in Figure 2.
In the beginning, the tested steel was heated to the temperature of 1165 ◦C, corre-

sponding to the temperature in the leveling zone of a heating furnace (under industrial
conditions). In order to obtain the same temperature over the entire volume of the sample
working zone, the 20MnB4 steel was heated for 300 s. The next step was cooling for 30 s, to
the temperature of 1086 ◦C, in simulation of the band cooling process during its transport
from the furnace to the first stand of the rolling line. It was then deformed in 17 cycles, with
deformation parameters shown in Table 2, replicating the rolling process in a continuous
rolling mill. The subsequent stage consisted of accelerated cooling to the temperature
of 851 ◦C, corresponding to the band temperature before the NTM rolling block of the
continuous rolling mill. In the next physical modeling step, the rolling process in the NTM
rolling block was simulated (Table 2), following which the accelerated cooling process
between the NTM and RSM rolling blocks was modeled, according to the variant, down to
800 ◦C (variant V1) or to 850 ◦C (variants: V2 and V3) and then hardened at a cooling rate
of approximately 130 ◦C/s in variant V1 or 146 ◦C/s in variants V2 and V3, using helium.

After physical modeling, samples of the material were subjected to metallographic
testing. The samples were treated with ferric chloride for 90 s. In order to precisely identify
the individual phases, additional microhardness measurements HV 0.01 (pressing force
value 0.09807 N, time 10 s) were carried out.

Figure 3 shows examples of 20MnB4 steel microstructures after physical modeling.
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Figure 3. Example microstructure of 20MnB4 steel after physical modeling of wire rod rolling process:
(a) technological variant—V1, (b) technological variant—V2, V3.

Microstructure analysis of 20MnB4 steel samples after physical modeling of the 5.5 mm
in diameter wire rod rolling process shows that in all analyzed technological variants, the
material after hardening had a martensitic structure over its entire cross-section with
some residual austenite (not exceeding 4%). In the case of the V1 variant, the average
microhardness of the tested samples was approximately 369.11 HV 0.01. The average
microhardness of the tested samples for V2 and V3 variants was approximately 416.96 HV
0.01. Since no other phases were detected in the tested samples, it can be concluded that,
under real conditions (in all analyzed variants), the investigated steel was deformed in the
RSM rolling block of the wire rod mill in the single-phase (austenitic) state.

3.3. Thermovision Investigation Results—ThermaCAM SC640 Thermovision Camera

One of the factors affecting the uniformity of the microstructure and mechanical
properties of the wire rod along its length is the temperature distribution along the length
of the rolled feedstock. This section presents the results of measurements of the surface
temperature distribution along the length of the rolled material in several places of the
rolling line, including at the exit of the heating furnace, before rolling stands No. 1 and 15,
before the NTM (No-Twist Mill) rolling block, before the wire rod coil former, and at the
entrance to the rolling conveyor in the STELMOR® system. The testing was carried out
using thermovision technology—a FLIR Systems ThermaCAM SC640 thermovision camera
equipped with an uncooled detector [38]. Temperature measurements were recorded as
measured video sequences, in which the areas of maximum recorded temperatures (marked
by the presence of mill scale on the surface of the tested steel) were analyzed. ThermaCAM
Researcher Professional software was used to process these data. Surface temperature
investigations were preceded by the determination of the 20MnB4 steel emissivity within
the temperature range under study (700 ÷ 1200 ◦C). A description of the methods for
determining the emissivity can be found, inter alia, in [46,47]. Based on the results of these
studies, it was determined that the emissivity of 20MnB4 steel in the analyzed temperature
range varied from 0.80 to 0.85.

Examples of thermograms and a graph of the surface temperature distribution along
the length of the rolled material in a number of places of the rolling line (for variants V2
and V3) are shown in Figures 4–6.
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Figure 4. Example thermogram of temperature distribution on the surface of 20MnB4 steel grade
band before rolling stand No. 1.
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Figure 5. Diagram of surface temperature distribution along the length of the rolled material at
various places in the rolling mill.
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Figure 6. Example of temperature distribution on the surface of 20MnB4 steel wire rod at the entry to
the STELMOR® roller conveyor: (a) thermogram, (b) temperature value at measuring points.

Based on the measurements of the surface temperature distribution along the length
of the rolled material (Figure 5), it was determined that the feedstock heated in the furnace
was characterized by a high uniformity of the temperature distribution along its length.
The average surface temperature of the feedstock at the exit of the heating furnace was
approximately 1074 ◦C, whereas the maximum difference in surface temperature along the
length of the feedstock after the heating process was about 50 ◦C (Figure 5). According to
industry data, the temperature in the last zone of the heating furnace (the so-called leveling
zone) was approximately 1165 ◦C. The error between the temperature measured with the
thermovision camera and industrial data was 7.8% and was mainly caused by the large
amount of mill scale on the surface of the processed material.

As a result of air cooling during the transport of the feedstock to the first rolling stand,
its average surface temperature decreased to approximately 1060 ◦C (Figure 4). At the same
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time, due to the long rolling time in the first rolling stand and the different air-cooling times
of the beginning and end of the 14-m-long feedstock, the difference in surface temperature
distribution along its length increased to about 116 ◦C (Figure 5).

In the subsequent stages of the rolling process, due to successive thermoplastic process-
ing operations, a decrease in cross-sectional area, an increase in rolling speed, accelerated
cooling, the generation and conduction of heat resulting from plastic strain, and shorter
intervals between deformations, it was found that the surface temperature difference along
the length of the rolled band decreased again. The average surface temperature of the
rolled material in front of rolling stand No. 15 was approximately 1065 ◦C. In contrast, the
temperature difference along the length of the processed material at this point of the rolling
line was approximately 66 ◦C (Figure 5). The average surface temperature of the material
before being processed in the NTM rolling block was approximately 830 ◦C, while the
temperature difference along the band at this point of the rolling line was approximately
34 ◦C (Figure 5). The average surface temperature of the band in front of the wire coil
former was about 863 ◦C, while the temperature difference along its length at this point in
the rolling line was about 48 ◦C (Figure 5).

An analysis of the surface temperature measurements of the rolled steel grade, shown
in Figure 6, led to the conclusion that the surface temperature difference again increased
along the length of the wire rod at the entry to the STELMOR® roller conveyor. The increase
in surface temperature along the length of the wire rod and its large variation at this point
is due to the characteristic arrangement of the wire rod coils and the different heat transfer
conditions in the individual areas of the roller conveyor. The temperature difference along
the length of the wire rod at this point in the rolling line was as high as 177 ◦C (Figure 6).

3.4. Mechanical Properties Test Results and Upsetting Tests Results along Wire Rod
Length—Zwick Z/100 Testing Machine

This section presents the results of tests of selected mechanical properties of the
finished wire rod along its length (including their statistical analysis), produced according
to technological variants V1–V3. The tests were carried out in a static tensile test according
to the standard [39]. The gage length of the extensometer was 100 mm. Each time, a total
of 20 samples were taken from the middle and end parts of the rolled band (Figure 7a,b).
A general view of the 20MnB4 steel wire rod before and after the tensile test is shown in
Figure 7c,d. Figure 8 shows examples of tensile curves of samples of 20MnB4 steel grade
wire rod, produced according to technological variants V1–V3. Detailed results of the
finished wire rod’s mechanical properties tests along its length produced according to
technological variants V1–V3 are presented in Table 5.

Materials 2024, 17, x FOR PEER REVIEW  12 of 25 
 

 

was mainly  caused by  the  large  amount of mill  scale on  the  surface of  the processed 
material. 

As a  result of air cooling during  the  transport of  the  feedstock  to  the  first  rolling 
stand, its average surface temperature decreased to approximately 1060 °C (Figure 4). At 
the same time, due to the long rolling time in the first rolling stand and the different air‐
cooling times of the beginning and end of the 14‐meter‐long feedstock, the difference in 
surface temperature distribution along its length increased to about 116 °C (Figure 5). 

In  the  subsequent  stages  of  the  rolling  process,  due  to  successive  thermoplastic 
processing  operations,  a decrease  in  cross‐sectional  area,  an  increase  in  rolling  speed, 
accelerated cooling, the generation and conduction of heat resulting from plastic strain, 
and shorter  intervals between deformations,  it was  found  that  the surface  temperature 
difference  along  the  length  of  the  rolled  band  decreased  again.  The  average  surface 
temperature of  the  rolled material  in  front of  rolling  stand No. 15 was approximately 
1065  °C.  In  contrast,  the  temperature  difference  along  the  length  of  the  processed 
material at this point of the rolling line was approximately 66 °C (Figure 5). The average 
surface temperature of the material before being processed in the NTM rolling block was 
approximately 830 °C, while the temperature difference along the band at this point of 
the rolling line was approximately 34 °C (Figure 5). The average surface temperature of 
the  band  in  front  of  the wire  coil  former was  about  863  °C, while  the  temperature 
difference along its length at this point in the rolling line was about 48 °C (Figure 5). 

An analysis of the surface temperature measurements of the rolled steel grade, shown 
in Figure 6,  led  to  the  conclusion  that  the  surface  temperature difference again  increased 
along the length of the wire rod at the entry to the STELMOR® roller conveyor. The increase 
in surface temperature along the length of the wire rod and its large variation at this point is 
due  to  the characteristic arrangement of  the wire  rod coils and  the different heat  transfer 
conditions in the individual areas of the roller conveyor. The temperature difference along 
the length of the wire rod at this point in the rolling line was as high as 177 °C (Figure 6). 

3.4. Mechanical Properties Test Results and Upsetting Tests Results along Wire Rod  

Length—Zwick Z/100 Testing Machine 

This  section presents  the  results  of  tests  of  selected mechanical properties  of  the 
finished  wire  rod  along  its  length  (including  their  statistical  analysis),  produced 
according to technological variants V1–V3. The tests were carried out in a static tensile 
test according  to  the standard  [39]. The gage  length of  the extensometer was 100 mm. 
Each time, a total of 20 samples were taken from the middle and end parts of the rolled 
band  (Figure 7a,b). A general view of  the 20MnB4  steel wire  rod before and after  the 
tensile test is shown in Figure 7c,d. Figure 8 shows examples of tensile curves of samples 
of 20MnB4  steel grade wire  rod, produced according  to  technological variants V1–V3. 
Detailed  results of  the  finished wire  rod’s mechanical properties  tests along  its  length 
produced according to technological variants V1–V3 are presented in Table 5. 

(a)  (b)  (c)  (d) 

       
Figure  7. Mechanical properties  tests along  the  length of 5.5 mm diameter wire  rod of 20MnB4 
steel grade:  (a) wire rod coils,  (b) samples  for mechanical properties  testing,  (c) example sample 
before tensile test, (d) example sample after tensile test. 

Figure 7. Mechanical properties tests along the length of 5.5 mm diameter wire rod of 20MnB4 steel
grade: (a) wire rod coils, (b) samples for mechanical properties testing, (c) example sample before
tensile test, (d) example sample after tensile test.

A basic statistical analysis of mechanical properties along the length of the wire rod
is presented below. Basic statistical indicators (arithmetic average, standard deviation,
variation coefficient, median) were calculated.
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Figure 8. Examples of tensile curves of 20MnB4 steel grade wire rod samples: (a) technological
variant—V1, (b) technological variant—V2, (c) technological variant—V3.

In addition, graphs were made of, inter alia, the changes in the analyzed mechanical
properties along the length of the wire rod, as well as graphs of normal distribution.

Based on data presented in Tables 5 and 6, the average yield strength of the wire
rod produced according to variant V1 was 302.88 MPa, while the average ultimate tensile
strength was 513.17 MPa. In turn, the average value of unit elongation was approximately
22.30%. The average value of the relative reduction in area at fracture was ca. 68.87%. The
average plasticity reserve of the wire rod was about 0.590.

An analysis of the mechanical properties of the wire rod produced according to variant
V2 led to the conclusion that the average value of the yield strength of the wire rod was
359.30 MPa, which is approximately 19% higher than the average value of the yield strength
of the wire rod produced according to variant V1. The average ultimate tensile strength of
the wire rod produced according to variant V2 was similar to the average yield strength
of the wire rod produced according to variant V1 and was 515.12 MPa. The average unit
elongation of the wire rod produced according to variant V2 was approximately 23.02%
and was ca. 3% higher than the average unit elongation of the wire rod produced according
to variant V1. The average relative reduction in area at fracture of the wire rod produced
according to variant V2 was 69.03% and was comparable with the corresponding value of
the wire rod produced according to the V1 variant. The average plasticity reserve of the
wire rod produced according to the V2 variant was approximately 0.698, about 18% higher
than the average plasticity reserve of the wire rod produced according to variant V1.

Based on the analysis of results of the mechanical properties tests conducted on the
wire rod produced according to variant V3, it was concluded that the average yield strength
of the wire rod was 398.95 MPa, which is approximately 32% higher than the average
yield strength of wire rod produced according to variant V1, and 11% higher than the
average yield strength of wire rod produced according to variant V2. The mean value of the
ultimate tensile strength of the wire rod produced according to variant V3 was 561.52 MPa,
approximately 9% higher than the mean value of the ultimate tensile strength of the wire
rod produced according to variants V1 and V2. The mean value of unit elongation of wire
rods produced according to variant V3 was similar to the average value of unit elongation
of wire rods produced according to variant V1, ca. 20.73%. This value was approximately
10% lower than the average unit elongation value of the wire rod produced according to
the V2 variant. However, this did not adversely affect its capacity to be further subjected to
the cold-forming process, which was confirmed using cold-upsetting tests with relative
strain as high as 75%. The average value of the relative reduction in area at fracture of
wire rod produced according to the V3 variant was approximately 72.75%, ca. 6% higher
than the average relative reduction in area at fracture produced according to V1 variant and
approximately 5% higher than the average value of the relative reduction in area at fracture in
case of wire rod produced according to V2 variant. Whereas the average plasticity reserve of
wire rod produced according to V3 variant was approximately 0.711, ca. 21% higher than the
average plasticity reserve of wire rod produced according to V1 variant and ca. 2% higher
than the average plasticity reserve of wire rod produced according to V2 variant.
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Furthermore, upon analyzing data presented in Table 6, it was found that in the case
of wire rods produced according to the V1 variant, the standard deviation values were
18.34 for yield strength, 10.08 for ultimate tensile strength, 1.44 for unit elongation and 1.03
for relative reduction in area at fracture. The variation coefficients of wire rods produced
according to the V1 variant were 0.061 for yield strength, 0.02 for ultimate tensile strength,
0.065 for unit elongation, and 0.015 for relative reduction in area at fracture.

For wire rods produced according to the V2 variant, the standard deviation values were
7.03 for yield strength, 13.28 for ultimate tensile strength, 1.46 for unit elongation, and 1.25 for
relative reduction in area at fracture. The variation coefficients in the case of wire rods produced
according to the V2 variant were 0.02 for yield strength, 0.026 for ultimate tensile strength, 0.064
for unit elongation, and 0.018 for relative reduction in area at fracture.

The standard deviation values for wire rods produced according to the V3 variant were
9.50 for yield strength, 11.77 for ultimate tensile strength, 1.69 for unit elongation, and 1.3 for
relative reduction in area at fracture. In contrast, the variation coefficients for wire rods produced
according to the V3 variant were 0.024 for yield strength, 0.021 for ultimate tensile strength,
0.082 for unit elongation, and 0.018 for relative reduction in area at fracture.

Based on the analysis of data presented in Tables 5 and 6, it is difficult to unambigu-
ously assess the uniformity of the analyzed mechanical properties along the length of
wire rods subjected to different thermoplastic processing conditions. Each of the three
technological variants is characterized by a certain dispersion of the analyzed mechanical
properties along the wire rod length. The values of the standard deviation and the variation
coefficient depend on both the end-of-rolling temperature and the cooling rate after the
rolling process. Therefore, additional graphs of the variation in the analyzed mechanical
properties along the wire rod length and of normal distribution were compiled.

Data presented in Figures 9–12 shows that each of the analyzed technological variants
is characterized by some degree of nonuniformity of the mechanical properties along
the length of 20MnB4 steel wire rod with a diameter of 5.5 mm, which, however, retains
some stability. This nonuniformity is caused by a number of factors. One of the most
important is the temperature distribution along the processed wire rod. The greatest
nonuniformity of the temperature distribution along the wire rod was observed during
the controlled cooling after the roller track process (Section 3.3). The nonuniformity of
the temperature distribution causes, in turn, nonuniformity of the microstructure and,
consequently, nonuniform properties of the finished wire rod.
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Figure 9. The course of changes in selected mechanical properties along the length of 5.5 mm diameter
wire rod of 20MnB4 steel grade—technological variants V1–V3: (a) Yield Strength (YS), (b) Ultimate
Tensile Strength (UTS), (c) Unit Elongation (A), (d) Relative Reduction in Area at Fracture (Z).
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mm diameter wire rod of 20MnB4 steel grade—technological variant V2: (a) Yield Strength (YS), (b) 
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(Z). 

Figure 10. Normal distribution diagrams of selected mechanical properties along the length of a 5.5 mm
diameter wire rod of 20MnB4 steel grade—technological variant V1: (a) Yield Strength (YS), (b) Ultimate
Tensile Strength (UTS), (c) Unit Elongation (A), (d) Relative Reduction in Area at Fracture (Z).

Materials 2024, 17, x FOR PEER REVIEW  16 of 25 
 

 

Ultimate Tensile Strength (UTS), (c) Unit Elongation (A), (d) Relative Reduction in Area at Fracture 
(Z). 

(a) 

 

(b) 

 

(c) 

 

(d) 

 
Figure 10. Normal distribution diagrams of selected mechanical properties along the length of a 5.5 
mm diameter wire rod of 20MnB4 steel grade—technological variant V1: (a) Yield Strength (YS), (b) 
Ultimate Tensile Strength (UTS), (c) Unit Elongation (A), (d) Relative Reduction in Area at Fracture 
(Z). 

(a) 

 

(b) 

 

(c) 

 

(d) 

Figure 11. Normal distribution diagrams of selected mechanical properties along the length of a 5.5 
mm diameter wire rod of 20MnB4 steel grade—technological variant V2: (a) Yield Strength (YS), (b) 
Ultimate Tensile Strength (UTS), (c) Unit Elongation (A), (d) Relative Reduction in Area at Fracture 
(Z). 

Figure 11. Normal distribution diagrams of selected mechanical properties along the length of a 5.5 mm
diameter wire rod of 20MnB4 steel grade—technological variant V2: (a) Yield Strength (YS), (b) Ultimate
Tensile Strength (UTS), (c) Unit Elongation (A), (d) Relative Reduction in Area at Fracture (Z).

145



Materials 2024, 17, 905
Materials 2024, 17, x FOR PEER REVIEW  17 of 25 
 

 

(a) 

 

(b) 

 

(c) 

 

(d) 
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(Z). 
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An analysis of data shown in Figure 9a led to the conclusion that the highest yield
strength value of wire rods produced according to the V1 variant was about 336 MPa, while
the lowest was about 267 MPa. The highest yield strength value of wire rods produced
according to the V2 variant was 376 MPa, and the lowest ca. 348 MPa. In contrast, the
highest yield strength value of wire rods produced according to the V3 variant was about
418 MPa, and the lowest was around 381 MPa.

Based on data shown in Figure 9b, it was determined that the highest value of the
ultimate tensile strength of the wire rod produced according to the V1 variant was about
524 MPa, and the lowest was around 490 MPa. The highest value of the ultimate tensile
strength of the wire rod produced according to the V2 variant was 546 MPa, while the
lowest was about 497 MPa. The highest value of ultimate tensile strength of the wire rod
produced according to the V3 variant was about 588 MPa, and the lowest was around
541 MPa.

Based on data presented in Figure 9c, the highest unit elongation value of wire rods
produced according to the V1 variant was 25.14%, and the lowest was 19.1%. The highest
value of relative elongation of wire rods produced according to variant V2 was 24.89%, and
the lowest was 20.61%. In turn, the highest unit elongation value of wire rods produced
according to the V3 variant was 23.8%, and the lowest was 16.53%.

Based on data shown in Figure 9d, it was determined that the highest value of the
relative reduction in area at fracture of wire rods produced according to the V1 variant was
70.46%, and the lowest was 67.2%. The relative reduction in area at fracture of wire rod
produced according to the V2 variant was 71.8%, and the lowest was 67.02%. In turn, the
highest value of the relative reduction in area at fracture of wire rod produced according to
the V3 variant was 74.92%, and the lowest was 69.84%.

In order to determine whether the observed nonuniformity of mechanical properties
along the wire rod is significant regarding the possibility of the tested steel undergoing
further cold forming processing, additional cold upsetting tests were carried out for each
technological variant according to the standard [41] as well as an assessment of the surface
quality concerning the occurrence of any cracks. A minimum of three samples taken from
the middle and end parts of the rolled material were tested each time. Figure 13 shows
examples of samples after the cold upsetting process with a relative plastic strain of 50%,
67%, and 75%.
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Figure 13. General view of wire rod of 20MnB4 steel grade samples for cold upsetting tests: (a) method
of samples preparation from the finished product for cold upsetting tests, (b) view of samples after
cold upsetting test (wire rod after the rolling process according to technological variant V2) with
relative plastic strain value: (b) 50%, (c) 67%, (d) 75%.

Upon analyzing the test results, it was found that there were no cracks, scratches, or other
surface defects on any surfaces of the technological variants analyzed, even after applying a
relative plastic strain of 75% (the sample’s hight indicator after cold upsetting 0.25).

In summary, the results of the tests regarding the mechanical properties of the finished
wire rod along its length and of the upsetting test, it was found that for the studied
thermoplastic processing parameters, there was no significant impact of the production
process parameters on the quality of the finished steel product. This is partly due to the
narrow rolling temperature range in the RSM block (800 ◦C and 850 ◦C). However, we have
to keep in mind that the rolling temperature range in the RSM block covered by this study
is typical for 20MnB4 steel. On the other hand, comparing the mechanical properties of
the wire rod produced in the different technological variants, it was noted that the best
complex of mechanical properties has the wire rod processed in the RSM rolling block at
850 ◦C and cooled after the rolling process on a roller conveyor at a rate of 10 ◦C/s (V3
technological variant). The wire rod produced in this way also has the required level of
plasticity reserve, which enables further deformation of the studied steel grade in upsetting
tests with a relative plastic strain of 75%.

3.5. Results of Metallographic and Hardness Tests of the Wire Rod along Its Length—Nikon Eclipse
MA 200 Microscope, FM 700 Microhardness Tester

This section presents an analysis of the results of metallographic observations and
measurements of the samples after the rolling process according to V1–V3 variants. A
Nikon Eclipse MA-200 microscope with NIS-Elements software was used for the study [40].
In each case, metallographic observations and measurements of ferrite grain size (Dα)
(perpendicular secant method [48]) were carried out on longitudinal sections of samples
taken from the middle and end part of the rolled wire rod at a total of 30 points (5 points
on the wire rod radius at several places along the wire rod length). In addition, Vickers
hardness measurements were taken with FutureTech’s FM 700 microhardness tester [40].

The aim of the testing was to determine the effect of the applied thermoplastic process-
ing conditions on the microstructure and hardness of a 5.5 mm diameter wire rod made of
20MnB4 steel.

A diagram of the longitudinal section of the wire rod with the characteristic points
plotted is shown in Figure 14. Detailed results of the ferrite grain size measurements
(Dα) and hardness along the length of 20MnB4 steel wire rod with a diameter of 5.5 mm,
produced according to technological variants V1–V3, are shown in Table 7. Photographs
of the microstructure (in longitudinal section) of a 5.5 mm diameter wire rod made from
20MnB4 steel produced according to process variants V1–V3 are shown in Figures 15–17.
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of the microstructure (in longitudinal section) of a 5.5 mm diameter wire rod made from 
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Figure 14. Scheme of a longitudinal section of wire rod with marked characteristic points. 

(a)  (b) 

   
Figure 15. Example of the microstructure of a 5.5 mm diameter wire rod of 20MnB4 steel grade—
longitudinal section—technological variant V1: (a) magnification 500×, (b) magnification 200×. 

(a)  (b) 

   
Figure 16. Example of the microstructure of a 5.5 mm diameter wire rod of 20MnB4 steel grade—
longitudinal section—technological variant V2: (a) magnification 500×, (b) magnification 200×. 
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Based on the analysis of the test results shown in Table 7, the average Dα—ferrite grain
size of the wire rod produced according to the V1 variant was 16.21 µm. The average ferrite
grain size of the wire rod produced according to the V2 variant was approximately 39%
smaller than that of the wire rod produced according to the V1 variant and was 9.86 µm. In
turn, the average ferrite grain size of the wire rod produced according to the V3 variant
was 8.07 µm and was approximately 50% smaller than the wire rod produced according to
the V1 variant and around 18% smaller than the wire rod produced according to V2 variant.
The greater fragmentation in the average ferrite grain observed in the case of the wire rod
produced according to V2 and V3 variants was mainly due to the higher cooling rate on the
roller track, which prevented grain growth. When analyzing the distribution of ferrite grain
size along the radius of the wire rod, it was found that the largest ferrite grains were in the
axis of the wire rod, while the smallest was observed at its surface. This was due, among
other things, to the temperature distribution over the cross-section of the wire rod and the
heat transfer conditions (higher temperature in the axis of the wire rod than at its surface).

Upon analyzing the results of the hardness measurements, it was determined that the
average hardness of the wire rod produced according to the V1 variant was 177.20 HV. The
average hardness of the wire rod produced according to the V2 variant was 182.18 HV,
which is ca. 3% higher than the average hardness value of the wire rod produced according
to the V1 variant. The average hardness of the wire rod produced according to the V3
variant was 198.17 HV, around 12% higher than the average hardness value of the wire rod
produced according to variant V1 and ca. 9% higher than the average hardness value of the
wire rod produced according to variant V2. An analysis of the hardness distribution along
the radius of the wire rod led to the conclusion that it increases as the size of the ferrite
grain becomes smaller.

Table 7. Measurements of ferrite grain size and hardness along the length of a 5.5 mm diameter wire
rod of 20MnB4 steel grade were produced according to technological variants V1–V3.

Technological Variant—V1 Technological Variant—V2 Technological Variant—V3

Measurement
Location

(According
to the

Figure 14)

Average
Ferrite

Grain Size
Dα [µm]

Average
Hardness

Value [HV]

Measurement
Location

(According
to the

Figure 14)

Average
Ferrite

Grain Size
Dα [µm]

Average
Hardness

Value [HV]

Measurement
Location

(According
to the

Figure 14)

Average
Ferrite

Grain Size
Dα [µm]

Average
Hardness

Value [HV]

1 16.82 175.90 1 12.24 174.40 1 8.95 193.50
2 16.81 178.30 2 11.40 175.90 2 7.58 197.50
3 15.18 178.70 3 9.13 183.15 3 7.57 197.75
4 13.96 181.15 4 8.80 186.60 4 6.15 201.50
5 12.73 184.25 5 8.77 194.35 5 5.51 216.90
6 17.39 174.45 6 12.38 171.05 6 10.27 189.30
7 15.96 176.00 7 11.97 172.25 7 8.71 194.70
8 14.30 182.20 8 9.63 176.40 8 8.43 196.05
9 13.88 182.30 9 8.72 188.00 9 8.40 197.00

10 13.29 188.10 10 8.46 195.80 10 7.13 201.45
11 18.36 172.60 11 13.78 169.85 11 9.27 192.05
12 15.35 179.85 12 11.16 176.13 12 8.64 196.15
13 15.00 180.00 13 9.34 177.83 13 7.69 197.75
14 14.03 181.10 14 9.09 178.55 14 7.24 198.55
15 12.64 184.90 15 4.92 201.40 15 6.53 204.75
16 18.57 169.85 16 11.46 176.70 16 9.78 190.55
17 18.41 170.50 17 9.99 178.15 17 9.78 191.90
18 17.95 173.25 18 9.27 181.55 18 9.68 192.60
19 16.79 176.15 19 9.20 183.10 19 9.18 196.45
20 16.75 176.90 20 8.91 192.15 20 9.00 198.00
21 18.29 171.30 21 11.12 180.70 21 10.08 190.45
22 17.91 173.75 22 10.50 181.15 22 9.76 192.05
23 16.61 173.95 23 9.05 187.10 23 7.22 199.35
24 16.19 178.45 24 8.61 189.10 24 7.14 199.45
25 15.86 182.40 25 4.66 210.77 25 4.01 222.65
26 19.04 168.80 26 11.69 172.90 26 9.41 192.75
27 18.31 172.55 27 11.08 174.75 27 9.21 193.05
28 16.94 173.50 28 10.64 176.30 28 7.16 199.50
29 16.89 174.25 29 10.39 178.90 29 6.87 200.00
30 15.99 180.45 30 9.56 180.50 30 5.79 211.35

Average
value 16.21 177.20 Average

value 9.86 182.18 Average
value 8.07 198.17
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Metallographic analysis showed that the wire rod produced according to the V1 variant
(Figure 15) had a nonuniform coarse-grained ferritic–pearlitic microstructure in the form
of alternating bands of ferrite and pearlite. The observed banding was mainly due to the
slow cooling of the wire rod after the rolling process. The average ferrite grain size ranged
from 12.64 µm to 19.04 µm. Upon analyzing the microstructure of the wire rod produced
according to the V2 variant (Figure 16), it was determined that increasing the cooling rate
(despite the higher end-of-rolling temperature) resulted in favorable fragmentation and
greater uniformity of the microstructure and significantly reduced its banding. The average
ferrite grain size of the wire rod produced according to the V2 variant ranged from 4.66 µm
to 13.78 µm. As depicted in Figure 17, increasing the cooling rate resulted in even greater
fragmentation and uniformity of the ferrite grain size. The microstructure of the wire rod
produced according to the V3 variant was also characterized by the lowest banding. The
average ferrite grain size, in this case, ranged from 4.01 µm to 10.27 µm.

4. Conclusions

Based on the theoretical and experimental results presented in this study, the following
conclusions were drawn:

1. Based on the analysis of the microstructure of 20MnB4 steel samples after physical
modeling of the wire rod rolling process, it was determined that in all analyzed tech-
nological variants, the material after hardening had a martensitic structure throughout
its mass with some residual autenite (not exceeding 4%). Since no other phases were
identified in the test samples, it can be concluded that under real conditions (in all
the analyzed variants), the tested steel was deformed in the RSM rolling block in a
single-phase (austenitic) state.

2. Statistical processing of the obtained test results and analysis of the normal distri-
butions of the technological variants of the wire rod rolling process analyzed in this
study showed some nonuniformity of the analyzed mechanical properties along the
length of the finished product.

3. One of the factors causing the nonuniformity of mechanical properties along the
wire rod length is the different coil temperatures during the cooling of the wire rod,
resulting from their characteristic arrangement on the roller conveyor—spiral.

4. For the analyzed thermoplastic processing parameters, increasing the rolling temperature
in the RSM block from 800 ◦C (V1) to 850 ◦C (V2) and increasing the cooling rate to 10
◦C/s (V3) resulted in an improved combination of the analyzed mechanical properties.

5. Under the analyzed thermoplastic processing conditions, wire rods produced accord-
ing to technological variant V3 showed the lowest microstructure variation.

6. Increasing the cooling rate in the STELMOR® line in the V3 variant (despite the higher
temperature of the rolled material in the RSM rolling block) resulted in greater fragmen-
tation in the microstructure on the longitudinal section of the finished product by about
18% compared with the V2 variant and by about 50% compared with the V1 variant.

7. In the studied range of thermoplastic processing parameters, the observed nonunifor-
mity of mechanical properties along the length of the 5.5 mm diameter wire rod of
20MnB4 steel does not adversely affect the capacity for further cold-forming, which
has been confirmed by upsetting tests with a relative plastic strain of up to 75%.
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Abstract: The study presents the results of research on the influence of different contents of main
alloying additions, such as Mg (2 ÷ 2.5 wt.%), Cu (1.2 ÷ 1.9 wt.%), and Zn (5.5 ÷ 8 wt.%), on the
strength properties and plasticity of selected Al–Zn–Mg–Cu alloys extruded on a bridge die. The test
material variants were based on the EN AW-7075 alloy. The research specimens, in the form of 100 mm
extrusion billets obtained with the DC casting method, were homogenized and extrusion welded
during direct extrusion on a 5 MN horizontal press. A 60 × 6 mm die cross-section was used, with
one bridge arranged in a way to extrude a flat bar with a weld along its entire length. The obtained
materials in the F and T6 tempers were characterized in terms of their strength properties, hardness,
and microstructure, using EBSD and SEM. The extrusion welding process did not significantly affect
the properties of the tested materials; the measured differences in the yield strength and tensile
strength between the materials, with and without the welding seam, were up to ±5%, regardless of
chemical composition. A decrease in plasticity was observed with an increase in the content of the
alloying elements. The highest strength properties in the T6 temper were achieved for the alloy with
the highest content of alloying elements (10.47 wt.%), both welded and solid. Significant differences
in the microstructure between the welded and solid material in the T6 temper were observed.

Keywords: extrusion welding; Al–Mg–Zn–Cu; Al7075; alloying elements; EBSD; GOS

1. Introduction

Precipitation-hardened Al–Zn–Mg(Cu) alloys are characterized by their high strength,
ductility, elastic modulus, corrosion resistance, as well as their fracture toughness. For
this reason, they are widely used in the aerospace industry (airframe, fuselage), automo-
tive industry (bumpers, body parts), among manufacturers of sports equipment, and in
other industries where weight reduction while maintaining high-strength properties is
important [1–3]. However, the 7XXX series aluminium alloys are also highly sensitive to
the strain rate and deformation temperature, which directly translate into low processing
efficiency, especially during the extrusion of welded profiles (on bridge or porthole dies) [4].
This is due to phenomena that produce a hot cracking effect at elevated working rates [5].
During the extrusion process, both in the press container and in the die itself, frictional
forces arise that disturb the favorable state of hydrostatic stresses [6]. These forces cause
tensile stresses to accumulate on the surface of the extruded band and cause additional
heating of these areas. In extreme cases, local temperature increases in the material and
the resulting stress release may result in the loss of continuity of the extruded strand [7].
This is of particular importance in the case of bridge–chamber dies, where the complicated
internal geometry multiplies the adverse effects of frictional forces on the homogeneity of
the material outflow [8]. The structural phenomena accompanying the extrusion process
on porthole dies should also be considered. In the studies carried out so far, it was found
that in the 6063 aluminium alloys extruded on porthole dies, the occurrence of dynamically
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recrystallized (DRX) grains was observed both in the welded area and beyond it. It was also
noted that the amount of the recrystallized fraction may be related to the differentiation of
the strain rate on the cross-section of the extruded profile [7]. Similar conclusions apply
to Al–Zn–Mg alloys extruded on porthole dies. It has been shown that a higher strain
temperature and a lower strain rate have a positive effect on the occurrence of dynamic
recrystallization. Moreover, in the case of Al–Zn–Mg alloys, it was proven that in both the
areas close to the walls of the profiles and in the welding zones, the recrystallized fraction
is higher than in other zones [9]. Studies conducted on extruded Mg–Al–Zn alloys also
indicate that complete dynamic recrystallization occurred in the welding areas [10]. Current
studies on Al–Zn–Mg alloys extruded on porthole dies show a significant differentiation in
the microstructure between the welded area and the outside of the weld [11].

The material for the extrusion of aluminium alloys are billets, cast using the DC (di-rect
chill) method. It is a method of semicontinuous casting into a water-cooled crystal-lizer.
The distinctive feature of that process is directional crystallization, taking place from the
outer zones (intensively cooled zones near the crystallizer) to the center of the ingot. As a
result, a dendritic structure is formed [12]. Dendrites from the Al-rich α phase grow along
the temperature gradient. This directionality of solidification leads to microsegregation,
and coarse intermetallic phases are formed that can significantly affect the properties and
susceptibility to hot working, which directly affects the efficiency of technological processes.
The above-mentioned segregation in Al–Zn–Mg(Cu) alloys during casting results in high
concentrations of Cu, Mg, and Zn in interdendritic eutectic regions. This has a significant
impact on reducing the corrosion resistance of the alloys, and can also be a place of crack
initiation of the billets themselves [13]. In the case of Al–Zn–Mg(Cu) alloys, literature
sources indicate that the main phases present in the material after casting are η-MgZn2,
T-Al2Mg3Zn3, S-Al2CuMg, and θ-Al2Cu. The S, T, and η phases described in the literature
are solid solutions with extended composition ranges, containing all four elements. It
should be noted that the literature data clearly indicate that the mentioned phases are low-
melting, especially η-MgZn2, and their presence causes a significant decrease in the solidus
temperature, even below 480 ◦C for the 7075 alloy [12,13]. It causes a large difference
between the liquidus and solidus temperatures, which in turn leads to the need to lower
the temperature of plastic-forming processes. As a result, it translates into a decrease in the
speed of these processes (e.g., extrusion) and a decrease in the efficiency. Homogenization
annealing is a way to increase the solidus temperature of Al–Zn–Mg(Cu) alloys. Data
from the literature clearly indicate that the dendritic structure gradually dissolves during
homogenization. Diffusion into the matrix in eutectic structures and gradual dissolution of
the Mg (Zn,Cu,Al)2 phase takes place. From the literature data, the conclusion drawn was
that the driving force of phase transformations from Mg (Zn,Cu,Al)2 to Al2CuMg must be
the supersaturation of copper in areas of the eutectic structures, which makes Al2CuMg a
stable phase [12,13].

In the case of precipitation-hardened 7XXX series alloys, the content, distribution, and
size of the matrix precipitates have a key impact on their strength. It can be increased by
increasing the content of the elements dissolved in the matrix during solution treatment,
which can be separated from the solution in the aging stage [14,15]. During the supersat-
uration process, it is necessary to ensure sufficiently rapid cooling, which will ensure a
uniform distribution of precipitates of the fine-grained n’ phase during aging. Since the
metastable n’ phase should have the greatest impact on precipitation strengthening, the
greatest strengthening effect will be obtained as a result of rapid cooling [16,17].

Thus far, the influence of the main alloy additions, that is, Zn, Mg, and Cu, on the
strength properties of the 7XXX series alloys has been described in the literature [15,18–21].
For alloys with a constant Cu and (Zn+Mg) content, an increase in the Zn content will
increase the strength of aged samples [15,18]. It was also found that with a constant Cu
content, an increase in the share of (Zn+Mg) in the T6 temper will result in an increase
in the number of precipitates, which will translate into an increase in the strength of Al–
Zn–Mg–Cu alloys [17]. Of equal importance is that this can result in a large difference in
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plasticity between the matrix and PFZ areas (precipitation free zones), and consequently
may lead to a reduction in fracture toughness also caused by coarse slip [17].

Al–Zn–Mg–Cu alloys, due to technological difficulties, are rarely used in extrusion
processes on porthole dies. At the same time, the industry is systematically increasing its
interest in high-strength Al alloys, also in the form of thin-walled closed profiles. For this
reason, as well as due to the lack of relevant publications, there was a need to conduct
research on the effects of different levels of the main alloying additives on extrusion-welded
Al–Zn–Mg–Cu alloys.

This study investigated the influence of different contents of main alloying additions
on the strength properties and plasticity of selected Al–Zn–Mg–Cu alloys extruded on
bridge dies.

2. Materials and Methods

The tests were carried out on modified 7xxx series alloys, based on the 7075 alloy.
The initial stage of the research included casting variants of EN AW-7075 alloys in the

form of 100 mm diameter billets on a semicontinuous production line consisting of 300 kg
Monometer resistance furnace and a direct chill casting crystallizer (Monometer House,
Rectory Grove, Leigh-on-Sea, Essex SS9 2HN, UK).

The chemical composition of the alloys was analyzed using optical emission spectrom-
etry, and is presented in Table 1. Table 2 shows the contents of the main alloying elements
and their proportions.

Table 1. Chemical compositions of 7075 alloy variants [wt.%].

Alloy No. Si Fe Cu Mn Mg Cr Zn Ti Zr

1 0.08 0.15 1.16 0.00 1.99 0.18 4.97 0.02 0.161
2 0.08 0.15 1.91 0.00 2.33 0.18 5.67 0.02 0.166
3 0.10 0.21 1.53 0.00 2.3 0.18 5.78 0.02 0.151
4 0.10 0.22 1.50 0.00 2.21 0.17 7.76 0.02 0.159

Table 2. Main alloying elements contents and ratios.

Alloy No. Cu/Mg Mg+Zn Mg+Zn+Cu Zn/Mg

1 0.58 6.96 8.12 2.50
2 0.82 8 9.91 2.43
3 0.66 8.08 9.61 2.51
4 0.66 9.97 10.47 3.51

During the casting process, the metal was filtered through a 30 ppi ceramic filter. The
alloys were cast in stages, two billets at a time, each approx. 2 m long (Figure 1).
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The billets were subjected to homogenizing annealing to maximize the solidus tem-
perature level, which is of great importance in the context of maximizing the deformation
rate of Al–Zn–Mg alloys [22,23]. This is important from the point of view of extrusion
welding, as it significantly extends the permissible temperature range of the material in the
deformation cavity. Homogenizing parameters were the subject of other research studies
conducted [13]. The final annealing conditions are presented in Table 3.

Table 3. Homogenization annealing parameters for tested alloys.

Alloy No. Heating 1
[◦C-h]

Hold Time1
[h]

Heating 2
[◦C-min]

Hold Time2
[h]

1 465-10 4 - -
2 465-10 2 475-15 8
3 465-10 2 475-15 4
4 465-10 12 - -

In the next stage of the research, extrusion of the flat bar on a die with a single bridge
was carried out. The extrusion was performed on a 5 MN (500 t) horizontal hydraulic press
(ZAMET BUDOWA MASZYN S.A., 83 Zagórska Str., 42-680 Tarnowskie Góry, Poland) in
direct mode with extrusion force registration. For this purpose, a 60 × 6 mm die insert was
designed and made for the existing tooling set, with a single bridge placed perpendicularly
to the long edge of the extruded flat bar to allow the formation of a longitudinal weld in the
middle of its width (Figure 2). The 60 × 6 mm flat bar was extruded from all variants of the
7075 alloy. The material was prepared in the form of Ø100 × 200 mm billets, then heated to
500 ◦C for extrusion, with a ram velocity of 1 mm/s. Table 4 presents the registered peak
forces during the extrusion process.
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Table 4. Forces registered during the extrusion.

Alloy No. 1 2 3 4

Registered peak extrusion load [MN] 4.11 4.78 4.40 5.06

The extruded sections were subjected to heat treatment of the T6 temper for all of the
alloy variants. For this purpose, samples for solution treatment and artificial aging were
taken from the extruded bars. The heat treatment parameters are listed in Table 5. To verify
the effects of the heat treatment, a Brinell hardness test was performed. Based on the results
obtained, the aging curves presented in Figure 3 were made for the individual variants of
the alloys. They show that the tested variants of the alloys obtained more than 90% of their
maximum hardness values after about 8 h. Further aging up to 24 h increases the hardness,
but for industrial use it may be more economical to shorten the aging time. Therefore, for
the purposes of this study, the aging time was set at 8 h.

Table 5. Heat treatment parameters.

Process T6 Temper

Solutionizing temperature 465 ◦C, hold time 2 h, water quenching
Artificial aging temperature 120 ◦C, aging time 24 h
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The heat-treated material and the reference material in the F temper were intended for
further research.

A static tensile test was performed in accordance with the requirements of the standard
PN-EN ISO 6892-1:2020-05 [24] on the Instron 5582—max load 100 kN. The strain defor-
mation was measured with an extremely accurate video extensometer (Instron, Norwood,
MA, USA), with crosshead speed 1 = 0.37 mm/min and crosshead speed 2 = 3 mm/min.
The gauge length was 20 mm. A Brinell hardness test was conducted according to PN-EN-
ISO-6506-1_2014 [25] on Duramin 2500E hardness tester (Struers, Ballerup, Hovedstaden,
Denmark), with a ball diameter 2.5 mm, main load 31.25 kgF, and expanded uncertainty
with the confidence of the result at the 95% level with the coefficient k = 2, determined
indirectly by the M2 method in accordance with the PN-EN-ISO-6506-1_2014 standard.

The samples for the static tensile test were taken across the flat bar in such a way
that the welded area was located in the middle of the length of the measurement base.
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The reference material was taken from a flat bar that was extruded without a weld. The
scheme of taking strength samples is presented below (Figure 4). The hardness test was
carried out on the cross-section of the flat bars, in the middle of their thickness, with
measurement points (1–13) placed every 5 mm, and in the central zone every 2.5 mm, as
shown in Figure 5.
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The microstructural characterization of the alloys was carried out with a high-resolution
INSPECT F50 FEI scanning electron microscope with attachments for the chemical anal-
ysis via EDS and a Velocity plus EBSD camera (FEI Company, Hillsboro, OR, USA). The
EBSD analysis was performed using EDAX Apex Advanced (ver. 2.5.1001.0001) and EDAX
OIM Analysis 8 software (ver. 8.6.0101x64) and ICCD 2011 PDF database format. The
samples for the tests were ground on SiC abrasive papers up to 4000 grit, and polished
with diamond suspensions up to 1 µm. The final operation was polishing with a colloidal
SiO2 suspension with gradations of 0.01 µm to obtain a perfectly flat surface. The samples
for crystallographic analysis were prepared on an RES101 ion milling instrument (Leica
Microsystems, Wetzlar, Germany).

3. Results and Discussion

The extrusion load was recorded during the process, and the extrusion curves of the
tested alloys were prepared (Figure 6). The highest yield resistance represented by an
extrusion peak load up to 5.06 MN, was characteristic of alloy 4; it was slightly lower,
4.78 MN for alloy 2, then 4.40 MN for alloy 3 and 4.11 MN for alloy 1. It is clearly visible
that the yield resistance depends on the level of the alloying components, which for alloy 4
is (Mg+Zn+Cu) 10.47%. In the case of alloys 2 and 3, for a similar level (Mg+Zn) of 8%, the
decisive factor for the yield resistance is the Cu contents of 1.91% and 1.53%, respectively.
The lowest yield resistance was recorded for alloy 1 with the lowest level of the main
alloying elements (Mg+Zn+Cu), 8.12%.
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In the next stage of research, hardness measurements were made on the cross-section
of the extruded flat bars, both in the F and T6 tempers. The hardness distribution curves are
shown below in Figure 7. The analysis of the results shows a clear increase in the hardness
of all of the alloy variants after heat treatment of the T6 temper. The lowest increase was
recorded for alloy 1 (60 HB), and the highest for alloy 4. A slight (up to 5 HB) hardness
variation was observed in the welded area (half the width of the flat bars), indicating the
uniformity of the strength properties of the flat bar.
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In the case of the tested variants of the Al–Zn–Mg–Cu alloy, heat treatment of the
T6 temper resulted in an increase in tensile strength TS (Figure 8) and yield strength YS
(Figure 9), both for the welded areas and the solid material. The largest increase in the
tensile and yield strength TS and YS was recorded for alloy 4, and amounted to 244 MPa and
353 MPa, respectively, for the unwelded samples, and 305 MPa and 352 MPa, respectively,
for the welded samples. For the other alloys tested, the increases in strength properties were
smaller, and amounted to 150–220 MPa for the TS and 250–300 MPa for the YS. Differences
in the increases of the described properties are directly caused by the amount of alloy
additions in the individual alloys tested. Alloy 4 contains the highest addition level of
10.47 wt.%, with the content of Zn alone being 7.76 wt.%. According to the literature,
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the content of this alloying additive contributes most significantly to the precipitation
strengthening of Al–Zn–Mg–Cu alloys, as it directly translates into an increase in the
amount of the MgZn2 phase, which is the main strengthening phase of these alloys. Heat
treatment of the T6 temper did not significantly affect the differentiation of the strength
properties in these areas of the individual alloy variants.

Materials 2023, 16, x FOR PEER REVIEW 9 of 18 
 

 

 
Figure 8. Comparison of the tensile strength results of flat bars with the weld and solid for 4 variants 
of alloys in the F and T6 tempers. 

 
Figure 9. Comparison of the yield strength results of flat bars with the weld and solid for 4 variants 
of alloys in the F and T6 tempers. 

Figure 8. Comparison of the tensile strength results of flat bars with the weld and solid for 4 variants
of alloys in the F and T6 tempers.

Materials 2023, 16, x FOR PEER REVIEW 9 of 18 
 

 

 
Figure 8. Comparison of the tensile strength results of flat bars with the weld and solid for 4 variants 
of alloys in the F and T6 tempers. 

 
Figure 9. Comparison of the yield strength results of flat bars with the weld and solid for 4 variants 
of alloys in the F and T6 tempers. 
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A clear decrease in elongation in the welded areas is noticeable for each of the tested
alloy variants (Figure 10). The unfavorable effect of increasing the content of alloy additions
on the elongation of the tested alloys can also be observed. Variants 2 and 3 have similar
amounts of main alloying elements, which are 9.91 wt.% and 9.61 wt.%, respectively, and
are characterized by a similar elongation level for both the welded and solid samples in
the F and T6 tempers. The highest elongation in all of the variants tested was recorded for
alloy 1, and the lowest for alloy 4. The exception was the sample in the T6 state, which had
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an elongation greater by more than 2% than variants 2 and 3, whose elongations in each
case were similar.
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depending on the chemical composition of the alloys. In alloy 1 shown in Figure 12a, and 

Figure 10. Comparison of the elongations of flat bars with the weld and solid for 4 variants of alloys
in the F and T6 tempers.

Figure 11 shows SEM images of alloy 1 (a), alloy 2 (b), alloy 3 (c), and alloy 4 (d). The
microstructure of alloys 3 and 4 have relatively smaller and more densely distributed fine
precipitates in the Al matrix than those in alloys 1 and 2. All of the alloys reveal irregularly
shaped and bright-coloured intermetallic particles.
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Figure 12 shows IPF images of the extruded alloys at the weld site from a cross-
sectional view to the extrusion direction. The analyses were performed in the T6 temper.
The EBSD analysis showed that the shape and size of the grain in the weld were different
depending on the chemical composition of the alloys. In alloy 1 shown in Figure 12a, and in
alloy 4 shown in Figure 12d, deformed and elongated grains with mainly the (001) and (111)
orientations were analyzed. In the middle part of the microstructure, areas of equiaxed
grains occurring within the boundaries of large, elongated grains were also observed.
The grains occurred in a wide range of sizes, from 1 to over 200 mm. Meanwhile, the
microstructures of alloys 2 (Figure 12b) and 3 (Figure 12c) were characterized by equiaxed
grains with a random orientation, indicating the occurrence of dynamic recrystallization
processes at the weld.
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The distributions of the average grain size, shown as histograms in Figure 13, confirm
the significant differences in structure for the four alloys studied. The largest grains were
found in alloy 1, with the finest grains occurring in a range of up to 25 µm in alloys 2 and 3.
Alloy 4 had a wider grain size distribution compared to alloys 2 and 3, ranging up to 45 µm.

To compare the structures in the alloys analyzed, analogical scans were taken in the
areas outside the welds (Figure 14). It was found that the structures in the four alloys
analyzed showed no significant differences. Alloy 1 showed a slightly larger grain size
compared to the other alloys analyzed. The grain size distribution shown in Figure 15
for Alloy 1 shows a wider grain size range up to 55 µm. In alloys 2 to 4, the range was
approximately 32 µm.
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Figures 16 and 17 represent the GOS maps obtained from the IPF images shown in
Figures 12 and 14. The GOS value represents the degree of average dispersion of the
misorientation within the same grain in a welded area. Low GOS values can be obtained if
some restoration of the microstructure, such as recovery or recrystallization, occurs in the
chosen grain. Low GOS values (below 2◦ or 3◦) have been proven to represent recrystallized
areas [26]. As a result, as shown in Figures 16 and 17, the blue grains have the smallest
GOS values and indicate dislocation-free grains with orientations spread between 0 and
2. In the experiment, the interval with the smallest GOS values with a threshold of 2◦

represents the recrystallized grains, while the GOS value above 2◦ represents the deformed
grains [27]. The red grains, with orientation spreads between 5 and 35, indicate the heavily
deformed grains.

As a result of these analyses, it was found (Figure 16) that welded alloys 2 and 3 had
the highest proportions of grains with recrystallized fractions. Alloy 1 was characterized
by large partially deformed grains. Alloy 4, on the other hand, showed fine bar-shaped
grains that were partially deformed. Recrystallized grains were observed in the very center
of the weld. The GOS values for the areas outside the weld (Figure 17) for the four alloys
tested were very similar. The highest proportion of grains with a recrystallized fraction
was found in alloy 2. However, the differences in the orientation distributions between the
alloys were not significantly large.

The low content of the main alloying elements in alloy 1 translates into the lower
plastic resistance of this material. This is reflected in the level of the recorded force during
extrusion of this alloy on the press (4.11 MN). The lower plastic resistance mentioned above
results in lower friction forces in the die deformation cavity and, consequently, in a smaller
increase in the temperature of the extrusion. This, in turn, results in the formation of a
deformed structure in alloy 1 with a low share of recrystallized grains, which was about
15%. In this case, no effect of the Zr addition on the fragmentation of the structure was
observed, which is also the result of an insufficient increase in temperature during the
extrusion. In sample 1, dynamic recovery occurs, and the shape of the grain is deformed.
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Welded alloy 1 in the T6 temper had a tensile strength of about 540 MPa, and the
elongation was up to 6%. The larger elongation may have been induced by the large grain
size. In the case of alloy 1, the grain size distribution obtained from the EBSD test was
disturbed. This is due to limitations of the scanned image analysis software, which does
not take into account grains with unidentified boundaries. In this case, the largest surface
fraction are for grains that are above 80 µm.

In the case of welded alloys 2 and 3, which nearly recrystallized, the T6 temper was
also recorded with a tensile strength of about 540 MPa, but the elongation in that case was
about 1%. This reduction in plasticity of alloys 2 and 3 relates to an inhibition of grain
growth. The proportion of the recrystallized fraction in alloys 2 and 3 is approximately 81%.

For alloy 4, a slightly higher elongation of about 3% was found in the weld compared
to alloys 2 and 3. This could be the result of a higher internal stress level due to the highest
content of alloying elements in this alloy. From the observations, the grains in alloy 4 were
also elongated along the weld line. The grain size along this line was greater than 100 µm,
and less than 10 µm in the transverse direction. During the static tensile test, which was
conducted in a direction transverse to the weld line, the grains underwent greater plastic
deformation than the equiaxial fine grains in alloys 2 and 3.

All of the alloys contain alloying additions of Mg, Cu, and Zn, and additionally Zr.
These elements can form MgZn2 and Al3Zr phases, while Cu remains in solid solution. Nu-
merous studies [28–31] confirm that additives such as Zr are inhibitors of recrystallization.
The nano-sized dispersoids formed by Zr can pin down and block the migration of the
grain boundaries and, as a result, inhibit the recrystallization in Al–Zn–Mg–Cu alloys [30].
The MgZn2 phase, on the other hand, has a strong precipitation strengthening effect for
the Al–Zn–Mg–Cu alloys, and its degree is strongly dependent on the amount of Zn. The
higher the Zn content in the alloy, the more the MgZn2 precipitates in the material after the
aging treatment. In conclusion, by increasing the Zn content in the Al–Zn–Mg–Cu alloys,
the strength is increased [28].

In the case of welded alloy 4 in the T6 temper, the recrystallized grains fraction
on the GOS image was about 41%. The introduction of a large amount of the alloying
elements resulted in the formation of fine and densely distributed dispersoids that had
a significant influence on the recrystallization behavior in alloy 4. Some of the grains
remained fibrous, while others recrystallized. This phenomenon is related to the orientation
of the grains, where the recrystallized grains are <111> oriented and the fibrous grains
are <100> oriented; this was also confirmed by literature data [28]. The tensile strength
of alloy 4 was almost 650 MPa, while the elongation was about 4%. The characteristic
grain structure arrangement, perpendicular to the extrusion direction, was a result of the
specific conditions in the welding chamber of the extrusion die. Consequently, there was a
directional flow of the metal and vertical arrangement of the grains in the areas close to
the weld.

4. Conclusions

I. Heat treatment of the T6 state of the tested materials resulted in a significant increase
in the hardness of all of the alloy variants. The lowest increase was recorded for alloy
variant 1 (60 HB), and the highest for alloy 4.

II. There was no significant differentiation in hardness in the area of the weld (half the
width of the flat bars), which indicates the uniformity of the strength properties of
the flat bar. Alloys containing Cu, both in the F and T6 states, are characterized
by similar strength properties. The presence of a weld does not significantly affect
their properties.

III. The highest strength properties (TS, YS, HB) characterize samples of alloy 4 in the
T6 temper. The highest elongation (A) was found in alloy 1 (low level of alloying
elements) in each tested variant.

IV. In the T6 temper, in alloys with a similar Cu content (alloys 3 and 4), an increase in the
Zn content by 2% resulted in increases in the strength, yield strength, and elongation.
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For alloys with a similar Zn content (alloys 2 and 3), the increase in properties (TS, YS,
A) is determined by the Cu content.

V. A clear decrease in elongation in the samples examined across the weld was noted for
each material tested.

VI. It was found in the T6 temper that the microstructure of extrusions without the weld
in the four alloys analyzed showed no significant differences.

VII. Analysis of the microstructure of welded extrusions in the T6 temper confirmed the
significant differences in the grain size distribution. The largest grains were found in
alloy 1, with the finest grains occurring in a range of up to 25 µm in alloys 2 and 3.
Alloy 4 had a wider grain size distribution compared to alloys 2 and 3, ranging up to
45 µm.

VIII. A high solute content of the main alloying elements in Al–Zn–Mg–Cu alloys, as well as
the presence of Zr, can lead to a high resistance to recrystallization. A large amount of
the alloying elements resulted in the formation of fine and densely distributed disper-
soids that had a significant influence on the recrystallization behavior in alloy 4. Some
of the grains remained fibrous while others became recrystallized. This phenomenon
is related to the orientation of the grains, where the recrystallized grains are <111>
oriented, and the fibrous grains are <100> oriented.
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Abstract: Transmission gear is a key component of vehicles and its surface integrity affects the safety
of the transmission system as well as the entire mechanical system. The design and optimization
of allowances in form grinding are important for improving dimensional accuracy and machining
efficiency during the manufacturing of heavy-duty gears. This work aims to investigate the effects of
grinding allowance allocation on surface morphology, grinding temperature, microstructure, surface
roughness, and microhardness fluctuation during the form grinding of 20Cr2Ni4A gears. Results
indicated that grinding temperature was primarily influenced by rough grinding involving significant
grinding depths exceeding 0.02 mm. The ground surface exhibited slight work hardening, while
thermal softening led to a reduction in microhardness of around 40 HV. Ground surface roughness
Ra varied from 0.930 µm to 1.636 µm, with an allowance allocation of the last two passes exerting
the most significant influence. Analysis of surface and subsurface microstructures indicated that
a removal thickness of 0.02 mm during fine grinding was insufficient to eliminate the roughness
obtained from rough grinding. Evident ridges, gullies, and surface defects such as material extraction,
adhesion, and plastic deformation were also observed. The proposed grinding strategy was validated
in practical manufacturing with good surface quality and geometrical accuracy.

Keywords: allowance allocation; microstructure; surface morphology; form grinding

1. Introduction

Heavy-duty gear components are extensively utilized in vehicles, and the demand for
efficient and precise machining of these ones is continuously growing alongside industrial
advancements. Form grinding plays a pivotal role in the manufacturing and processing of
gears. Prior to the grinding process, samples are processed with forging, rough machining,
and heat treatments. Consequently, grinding is the final process to ensure the ultimate
accuracy and surface quality of gear products. To improve manufacturing efficiency, the
total grinding allowance is designed to be minimized due to the lower material removal
rate and the higher specific energy associated with grinding compared to other machining
methods such as turning and milling [1]. Both the grinding forces and residual stress from
previous heat treatments will affect machining quality and geometrical accuracy. Previous
studies have shown that allowance allocation in grinding is highly related with stress
generation, highlighting the importance of considering allowance allocation in different
grinding stages to enhance part accuracy [2].

Research works investigated approaches to improve machining accuracy by optimiz-
ing machining allowances. For instance, Batueva et al. [3] proposed a machining model
stabilizing the cutting force component by adjusting the machining allowance of complex
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areas with varying shapes on the machined surface, thereby enhancing machining accuracy.
Ruzzi et al. [4] analyzed the effects of grinding parameters on surface integrity during the
surface grinding of Inconel alloys, where the design of the experiment method was applied
using grinding speed, work speed, grinding depth, and up/down grinding as variations.
Results showed that grinding speed was the most significant factor affecting work hard-
ening. Luu et al. [5] devised a novel method for designing a conical skiving cutter that
allowed pre-defined grinding allowance for skived gears by modifying the normal rack,
resulting in a uniform grinding allowance on active involute sections. Lv et al. [6] presented
a novel path route planning method that generated the grinding route based on residual
height error compensation, a proposed geometric algorithm, and the machining allowance
threshold. Optimizing the machining allowances can enhance efficiency and reduce energy
consumption, thereby supporting sustainable development in the manufacturing indus-
try [7]. Guo et al. [1] introduced a systematic energy-efficient method based on minimizing
energy consumption while ensuring acceptable surface roughness to quantify grinding
stock allowances in the turning–grinding process, which was validated by reducing energy
consumption up to 16.6%. Hood et al. [8] used electroplated diamond superabrasive wheels
for grinding an intermetallic alloy in order to improve both the grinding efficiency and
surface quality. Guerrini et al. [9] conducted a gear machining experiment by varying
the skiving–grinding allowance allocation ratios and optimizing the process parameters,
demonstrating the feasibility of dry grinding for gear machining while ensuring accuracy
and avoiding grinding burn. Li et al. [10] aimed to achieve high-efficiency and high-quality
glass–ceramic grinding by optimizing the appropriate grinding parameters based on the
study of parameter influence on processing behavior during rough grinding, semi-fine
grinding, and fine grinding processes.

However, the research on machining allowances have not comprehensively addressed
the dual goals of improving machining efficiency and accuracy. For heavy-duty gears,
the integrity of ground surface directly affects contact, wear, and the generation of cracks,
ultimately influencing the fatigue life of the whole component [11]. Guerrini et al. [9,12]
proposed a defined threshold energy level to prevent grinding burns on gear surfaces via a
dry grinding experiment, analyzing the effects of different processing parameters on the
white layer and hardness gradient in the subsurface. Riebel et al. [13] studied the influence
of wheel groove depth/width on the grinding performance during creep grinding and
found that coolant-induced force was significant for improving the grinding performance.
Murtagian et al. [14] proposed a grinding model to analyze the effects of abrasive particle
size and shape, grinding feed, and the depth of the cut on subsurface plastic deformation
depth. Yang et al. [15] investigated the effect of grinding parameters on surface roughness
and elucidated the formation mechanism of plastic deformation and defects on ground
surface. Tao et al. [16] proposed a transient analog model to simulate the transient material
removal behavior in continuous forming grinding, predicting the grinding morphology of
the tooth surface. They found that the top tooth surface was relatively smoother than the
root one, and the surface roughness decreased along the feed direction.

Based on the aforementioned literature review, prior research focusing on ground
surface integrity have not adequately examined the influence of grinding allowance al-
location on surface quality. To fill this gap, the effects of grinding allowance allocation
on grinding temperature, surface roughness, and microhardness fluctuation were ana-
lyzed. The research work aimed to study the influence characteristics/mechanisms of
different grinding strategies on surface morphology and microstructure and to further
understand the corresponding material removal mechanisms during the form grinding
process. Several principles for grinding allowance allocation in the process are summa-
rized, providing guidance for optimizing the manufacturing process of gear products and
improving production efficiency.
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2. Experimental Works
2.1. Workpiece Material and Equipment

A raw vehicle transmission gear made of 20Cr2Ni4A was selected for the experiment,
and it was cut into 12 small pieces via the wire electrical discharge machining technique,
which generated very limited heat and defects for the grinding samples and would not
further affect the grinding performance. The chemical composition of 20Cr2Ni4A is pre-
sented in Table 1. The material exhibits good toughness due to its low carbon content. The
gear has undergone carburizing and quenching processes, resulting in the formation of a
carburized layer on the surface. This carburized layer enhances the material’s abrasion
resistance and imparts high hardness. Microhardness measurements indicated that the
maximum hardness of the surface layer for the gear sample used in this study was ~650 HV.
The effective thickness of the carburized layer, characterized by the microhardness higher
than 550 HV, was 1100 µm.

Table 1. Chemical composition of 20Cr2Ni4A steel (wt.%).

C Si Mn Cr Ni Fe S

0.17–0.23 0.17–0.37 0.30–0.60 1.25–1.65 3.25–3.65 ≥95.00 ≤0.03

The gear grinding trials were performed using a three-axis automatic hydraulic high-
precision grinding machine (DY-510ASM, China). The machine had a maximum rotation
speed of 4000 r/min and a rated power of 7.5 kW. The gear tooth profile was obtained using
an alumina forming grinding wheel with #80 abrasive mesh. The maximum diameter of the
grinding wheel was 350 mm, and its profile coincided with the gear involute. Before each
trial, the grinding wheel was dressed to ensure consistent working conditions throughout
the grinding process. During the grinding process, temperature signals were captured
using a GG-K-30-1000-CZ type thermocouple and a multiple-channel temperature recorder
(NAPUI-HE130T-16, China), which has the acquisition frequency of 0–10,000 Hz and the
resolution of 0.01 ◦C. As the grinding time in each pass was very short, the acquisition
frequency was set at 8000 Hz in order to obtain real-time temperature variations. To
position the thermocouple, a narrow groove with a width of 1.0 mm was cut in the middle
of the tooth surface. The thermocouple with a diameter of 1.0 mm was placed in the groove
and sealed/fixed using heat-resistant waterproof adhesive, as shown in Figure 1. The
sensor end of the thermocouple was positioned ~0.5 mm away from the tooth surface.
Temperature measurements were recorded at a sampling frequency of 1 Hz. A white light
interference was employed to observe ground surface morphology. A roughness meter
was used to measure surface roughness (Ra), with each sample being measured three
times, followed by taking the average value. The teeth of each grinding set were cut into
samples and embedded in resin. The cross-section of the ground surface was ground and
polished. Subsequently, it was corroded using a 4% nitric acid–alcohol solution for 15 s.
To analyze the material microstructure, a scanning electron microscope (COXEM EM-30N,
China) was utilized. The microscope was operated with magnifications of ~2000–5000 times.
Additionally, a hardness tester was used to measure the microhardness, with 1000 g load
for 10 s.

2.2. Grinding Parameters

In the gear manufacturing process, it is crucial to eliminate any deformations caused
by heat treatment and ensure the dimensional accuracy of the final product. In this study,
the total material removed from the raw sample to the finished one was set as 0.400 mm.
The grinding parameters were selected according to on-site machining parameters. The
grinding parameters commonly used on the grinding machine range from 0.19 m/s to
0.35 m/s for the feed speed, 0.01 mm to 0.04 mm for the grinding depth, and the spindle
speed is 900 r/min to 4000 r/min. Three different combinations of allowances were selected
to design the grinding allowance allocation strategy. These included rough grinding–semi-
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fine grinding–fine grinding (referred to as P1, P3, P5, and P8), rough grinding–semi-fine
grinding 1—semi-fine grinding 2—fine grinding (referred to as P2, P6, P7, and P9), and
rough grinding–fine grinding (referred to as P4), as shown in Figure 2. Nine grinding
allowance allocation plans were designed based on these combinations, with details listed
in Table 2. To investigate the influence of improving machining efficiency in the rough
grinding and semi-fine grinding stages on grinding temperature and surface integrity, the
grinding depth for the rough grinding stage was set at 0.025 mm, 0.03 mm, and 0.035 mm,
respectively. The grinding depth for each stage decreased relating to the previous stage.
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Table 2. Grinding depth and number of passes of different test plans.

Test
Plans

Rough Grinding Semi-Finishing Grinding 1 Semi-Finishing Grinding 2 Fine Grinding

ap (mm) Passes ap (mm) Passes ap (mm) Passes ap (mm) Passes

P1 0.020 12 0.015 8 - - 0.010 4
P2 0.025 8 0.020 6 0.015 4 0.010 2
P3 0.025 14 0.015 2 - - 0.010 2
P4 0.030 12 - - - - 0.010 4
P5 0.030 10 0.020 4 - - 0.010 2
P6 0.030 6 0.025 6 0.015 4 0.005 2
P7 0.035 4 0.030 4 0.015 4 0.010 2
P8 0.035 8 0.025 4 - - 0.010 2
P9 0.035 2 0.030 6 0.020 6 0.015 2

3. Results and Discussion
3.1. Grinding Temperature

According to the recorded grinding temperature and the details of allowance allocation
for different grinding trials, it was found that the grinding depth and the number of
consecutive grinding times in different grinding stages showed a significant influence on
grinding temperature. Due to the negative rake angle of the abrasive particles, a large
quantity of energy was generated in the contact area between the grinding wheel and
the workpiece during grinding with a large cutting depth, and most of the energy was
converted to a high temperature in the grinding zone [17]. Additionally, continuous
grinding on the tooth grooves multiple times blocked the fluid entering the contact area
and promoted grinding temperature [18]. According to the grinding temperature model
established by Yang et al. [19], when a transient point heat source Qd occurred at O(0, 0, 0)
in an infinite homogeneous space, as shown in Figure 3, the temperature change at any
point M(x, y, z) in the space over time τ could be calculated as:

T =
Qd

cρ(4πατ)3/2 e−
x2+y2+z2

4ατ (1)
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In which T was the temperature change, c was the specific heat capacity of workpiece
material, ρ was the density of workpiece material, and α was the thermal conductivity.

As shown in Figure 4, when the heat source was replaced by an instantaneous in-
finitely long linear heat source along the z-axis, and the uniform heat output was Qs, the
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temperature change to any point M(x, y, z) in space over time τ was the integral of the
point heat source along an infinitely long straight line, as shown below:

T =
Qs

cρ(4πατ)3/2 e−
x2+y2

4ατ

∫ +∞

−∞
e−

(z−zi)
2

4ατ dzi (2)
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Equation (2) can be simplified as

T =
Qs

cρ(4πατ)
e−

x2+y2
4ατ (3)

From Equation (3), it can be seen that the temperature rise at any point was only related
to the distance from that point to the linear heat source. In order to facilitate calculation,
the gear involute in this experiment was simplified to a straight line. Since the width of
the tooth surface was much smaller than the diameter of the grinding wheel, the linear
speed of each part of the grinding wheel was considered to be the same. Thus, as shown in
Figure 5, the grinding area was simplified as a constant heating linear segment where the
heat source moves uniformly on the tooth surface with a heating power of Qs.
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According to Equation (3), in a flash of dτi the temperature change dT caused by the
heat source differential section qsdτi at point M was

dT =
qsdτi

cρ(4πατ)
e−

(x−vwτi)
2+y2

4ατ (4)
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The heat source started moving from the moment τi and continued moving for a
period τ to reach another moment t. In the model of Figure 6, the distance from the heat
source to the point M(x, y, z) on the x-axis was defined as X = x − vwt, where vw was the
feed speed. Equation (4) could be transformed to Equation (5):

dT =
qsdτi

cρ(4πατ)
e−

(X+vwτ)2+y2
4ατ (5)
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According to Equation (5), during the movement of the heat source from the moment
to move to the moment t, the temperature rise of M(x, y, z) caused by the moving constant
linear heat source could be calculated as:

T =
qs

4πλ

∫ t

0

1
τ

e−
(X+vwτ)2+y2

4ατ dτi (6)

Equation (6) indicates that the temperature at the tooth surface and any internal point
is continuously influenced by the heat source throughout the grinding process, from the
beginning of a grinding stroke to the end of it. Therefore, even after the grinding area has
passed through a measurement point, the heat source still affects the temperature at that
point. Furthermore, due to the inability to dissipate heat instantaneously, the grinding
heat conducted into the workpiece persists for a certain period of time after grinding. The
contact area between the grinding wheel and the workpiece is considered a continuous
heat source, resulting from the heat generated by friction and cutting. As depicted in
Figure 6, during a grinding stroke, the heat source moves from one end of the tooth to the
other, with most of the heat being transferred to the workpiece, leading to an increase in
grinding temperature. When a grinding stroke is completed and immediately followed by
the next one, a new heat source is generated and moves uniformly across the tooth surface.
In this work, the workbench’s movement track length is 200 mm, and the feed speed is
0.19 m/s, resulting in an interval of approximately one second between two consecutive
grinding strokes. As a result, at the start of a new grinding stroke, the temperature at
the previously ground surface has not yet decreased to the ambient temperature, and the
residual heat in the workpiece has not dissipated completely. Consequently, in the new
stroke, more heat is generated and transferred into the workpiece, accumulating with the
residual heat. With continuous grinding, the accumulated heat in the workpiece leads
to high grinding temperatures. This phenomenon is a result of the heat accumulation
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and insufficient dissipation between consecutive grinding strokes, contributing to the
generation of elevated grinding temperatures.

Figure 7 presents the maximum temperatures recorded during all grinding trials. As
the temperature changes during grinding passes were relatively low and the grinding
time in each pass was very short, the temperature variation/duration over time was
not presented in this work. The maximum temperatures ranged from 104 ◦C to 229 ◦C,
indicating that the different grinding allowance allocation strategy had a significant impact
on it. Specifically, trial P3 exhibited a considerably higher temperature compared to the
other ones. The allowance in P3 was divided into three stages, with a grinding depth
of 0.025 mm in the rough grinding stage (14 passes), 0.015 mm in the semi-fine grinding
stage (2 passes), and 0.01 mm in the fine grinding stage (2 passes). As the grinding
depth increased, more abrasive particles were involved in the cutting process, generating
and transferring more heat into the workpiece [20–22]. Additionally, the limited thermal
conductivity of the workpiece material and the limited time interval between each grinding
stroke led to heat accumulation. The unique characteristic of the allowance allocation
strategy in P3 was the removal of a substantial amount of material via continuous grinding
with a large grinding depth in the rough grinding stage, accounting for approximately
90% of the total allowance, which resulted in a sharp increase in temperature due to the
significant accumulation of heat. For trial P7, the allowance was divided into four stages
including 0.035 mm in the rough grinding stage (4 passes), 0.03 mm in semi-fine grinding
stage 1 (6 passes), 0.015 mm in semi-fine grinding stage 2 (4 passes), and 0.01 mm in the fine
grinding stage (2 passes). Similar to the strategy in trial P3, a significant amount of material
was removed via continuous grinding with a large grinding depth in the rough grinding
and semi-fine grinding stage 1, with a total of 10 grinding strokes having a grinding depth
of not less than 0.03 mm, accounting for 80% of the total allowance, which subsequently
produced a relatively high grinding temperature.
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Figure 7. Maximum temperature recorded in all trials with different test plan/allowance.

Trial P1 exhibited the lowest temperature among all trials, as the allowance allocation
ratio for each stage was rough grinding: semi-fine grinding 1: fine grinding = 6:3:1, and
the grinding depth for each stage did not exceed 0.02 mm. The grinding depth in the
rough grinding stage was only 0.02 mm, with 12 grinding strokes. Compared to trial P3,
the generation and accumulation of grinding heat were significantly reduced, leading to
a lower grinding temperature. Trial P2 showed a slightly higher temperature when the
allowance allocation ratio for each stage was rough grinding: semi-fine grinding 1: semi-
fine grinding 2: fine grinding = 10:6:3:1. Except for rough grinding, the grinding depth for
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each stage did not exceed 0.02 mm. In the rough grinding stage, the grinding depth was
0.025 mm, with 8 grinding strokes resulting in a maximum temperature of 140 ◦C.

3.2. Ground Surface Topography

The morphology of the ground gear surface plays a crucial role in determining the
surface quality, contact fatigue strength, crack resistance, and transmission stability of the
final product. The precision grinding parameters used in the final grinding pass have a
significant impact on surface integrity and gear performance. Figure 8 presents the three-
dimensional morphology of the ground surfaces obtained from four trials with different
grinding allowance allocation. Although no macroscopic cracks were observed in the
profiles, it is difficult to determine whether the microcracks were presented due to limited
magnification. Similarly, it is challenging to assess grinding burns based solely on the
color or burning traces on the surface. Serious grinding burns are typically caused by
high temperatures, resulting in residual tensile stresses within the surface layer, which
can lead to the formation of microcracks [13]. The ground surface profiles mainly consist
of flat surfaces, gullies, and ridges. The formation of gullies and ridges can be attributed
to material plastic deformation induced by grinding heat, where the material is pushed
to both sides by abrasive particles. Another possible reason for the formation of gullies
and ridges is the presence of surface fluctuations caused by a large grinding depth in the
preceding passes, which cannot be fully eliminated in the final finish grinding stage. For
instance, in the case of trial P5, a substantial amount of material (0.3 mm) was removed
in the rough grinding stage over 10 passes. In the subsequent semi-fine grinding stage,
0.08 mm of material was removed over four passes, and only two passes were used for
surface repair in the fine grinding stage, with a total grinding depth of 0.01 mm. It is
evident that the surface fluctuations cannot be completely mitigated, resulting in visible
gullies and ridges on the ground surface of the samples from trial P5.
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Various defects can be observed on the ground surface, including surface residual
adhesion and plastic deformation, as shown in Figure 8b, as well as the material extraction
depicted in Figure 8c. The extraction of granular material and the presence of residue
adhesion are likely the result of material adhesion to the grinding wheel due to the influence
of grinding heat. These defects and surface plastic deformation are closely related to high
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temperatures. Overall, the surface morphology and defects observed on the ground surface
provide valuable insights into the quality of the grinding process and the potential influence
of parameters on the resulting surface characteristics.

The surface roughness (Ra) values of all trials with different grinding allowance
allocations are presented in Figure 9, with the lowest one recorded in trial P1. It was
observed that from rough grinding to fine grinding, the allowance allocated for each pass
and the grinding depth of each stage gradually decreased in a gradient manner in trial P1.
This allocation feature for each grinding pass contributed to improving the surface quality
achieved in the preceding pass. Comparing the allocation characteristics in trials P5 and
P7, it can be observed that the allocation in the last two passes largely determined the final
surface roughness. It is evident that the surface roughness obtained by P7 (0.015 mm × 4
grinding strokes + 0.010 mm × 2 grinding strokes) is smaller than that of P5 (0.020 mm × 4
grinding strokes + 0.010 mm × 2 grinding strokes). Furthermore, comparing the Ra value
of trials P6 and P7 reveals that at a grinding depth of 0.005 mm in the finish grinding stage,
the rough surface resulting from the previous grinding pass cannot be completely polished
in just two grinding strokes without increasing the number of ones. The low roughness
value in trial P1 indicates that a smooth surface can be achieved with a grinding depth
of 0.01 mm in the fine grinding stage. The roughness values recorded in trials P2 and
P7 suggest that adopting a grinding depth of 0.015 mm in the final semi-finish grinding
stage is feasible. This implies that the ground surface roughness can be improved without
extending the machining time. On the premise that fine grinding is capable of repairing the
surface quality obtained from previous grinding passes, processing time can be saved in
the rough grinding stage. This approach is similar to the method reported by Li et al. [23],
where fine grinding was employed to remove the burn layer caused by rough grinding and
enhance the overall grinding efficiency.
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Figure 9. Surface roughness Ra for all trials with different grinding allowance allocation/test plans.

3.3. Microstructure Morphology

Typical microstructure morphology within the subsurface layer is shown in Figure 10.
The profiles of ground subsurface in trials P1 and P2 exhibit relatively smooth contours
with no obvious pits or bumps. This can be attributed to the polishing effect brought about
by the last two grinding passes, which improved the surface roughness. In contrast, the
surface profiles in trials P3 and P4 are generally rough, and they consist mainly of short
smooth lines, bumps, and pits. In the case of the samples from trial P3, significant sharp
cusps and pits are observed in the subsurface, primarily resulting from plastic deformation
at high temperature. A darker-colored thermally softened layer is visible below the contour,
consistent with the measurement of the high grinding temperature. This indicates that
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a large amount of grinding heat penetrated into the interior of the workpiece during the
rough grinding stage, affecting the deeper base material. The contour of the sample from
trial P7 is smoother compared to the one in trial P3, mainly due to the polishing effect in
the second semi-finishing and finishing stages. However, a dark layer caused by thermal
effects can still be observed, suggesting that a significant amount of grinding heat infiltrated
the workpiece and affected the deep materials during the rough grinding stage. In the
case of trial P9, the sample contour is distributed with numerous small bumps and pits.
These are primarily caused by the large grinding depth in the rough grinding stage. In
the fine grinding stage, the polishing effect on the rough ground surface is not sufficient
with a grinding depth of 0.015 mm. Defects such as pits, cusps, dark layers, and plastic
deformation are present, which can be attributed to the thermal effects and polishing
effect determined via the allowance allocation. Overall, the subsurface profiles provide
visual evidence of the effects of allowance allocation on surface quality and the subsurface
characteristics of ground samples. Smooth contours and minimal defects are observed in
trials with appropriate allowance allocation, while rough surfaces and various defects are
apparent in those with inadequate allowance allocation or excessive grinding depths.
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Figure 11 presents a detailed morphology of the ground subsurface from trials P3 and
P9 with higher magnifications. In Figure 11a,b, sharp tooth-shaped plastic deformation
is evident in the surface profile, contributing to surface irregularities. The grains beneath
the ground surface are relatively fine, which may be the result of grain refinement caused
by the extrusion of the grinding wheel. In Figure 11d, a layer with a thickness of several
microns can be observed below the ground surface, and the grain morphology within this
layer is unclear. This layer is typically known as the grinding white layer, which results
from dislocation and grain refinement caused by grinding heat and mechanical extrusion.
The white layer can improve surface hardness, but it can also increase brittleness, and a
thermally softened layer tends to form beneath it. Although phase transformation can
also contribute to the generation of this special layer, the measurement results of grind-
ing temperature suggest that it is challenging for the general grinding process to reach
temperatures necessary for phase transformation. Figure 11e illustrates the mechanism
of plastic deformation and grain refinement. During abrasive cutting and plowing, ma-
terials in front of the abrasive’s movement are compressed, forming chips that flow to
both sides. It generates a significant amount of grinding heat, which further intensifies
plastic deformation. With the occurrence of dislocations and slippage, the original crystal
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stacking structure of the workpiece material is disrupted, causing large grains to break
into smaller ones and form new stacking structures. Grain refinement occurs within a
limited depth below the surface due to the small grinding depth in the finish grinding stage.
Grain refinement reduces the volume of grains, thereby improving surface microhardness
and strength. However, compared to the mechanical effects, the depth of grinding heat
conduction is relatively deeper, which may lead to the formation of a heat-softened layer
with coarse grains beneath the hardened layer.
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diagram showing mechanism of plastic deformation and grain refinement.

As shown in Figure 12, the dark layer observed on the ground surface from trial
P7 indicates the presence of thermal effects. The high grinding temperature resulting from
a grinding depth of 0.035 mm in the rough grinding stage may have caused grinding
burn. Although the burn layer was partially removed during the second semi-finishing
grinding and fine grinding stages, a shallow dark layer remained. Figure 12c,d illustrate
the subsurface morphology of the samples from trial P4. The shallowest layer represents a
grain refining layer generated via mechanical extrusion, followed by a thermally softened
layer with coarse grains. Deeper into the subsurface, the grains become finer. This change
suggests that the subsurface from trial P4 can be divided into three layers including a
mechanically affected layer, a thermally affected layer, and an unaffected layer. Figure 12e
depicts the mechanism relating to this effect, indicating that thermal effects occur in a
deeper layer compared to the mechanical ones. This finding supports the understanding
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that the depth of grinding heat conduction is probably greater than the depth of mechanical
extrusion and grain refinement.
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Figure 12. Subsurface morphology of samples from trials (a,b) P7 and (c,d) P4, and (e) schematic
diagram showing generation mechanism of thermal effect.

Figure 13 depicts the presence of pores and pits observed on the subsurface and the
corresponding mechanisms. Pits on the grinding surface can be attributed to abrasive
particles embedding into the material, as indicated by previous research [15]. Additionally,
thermal stress caused by grinding heat can accelerate the wear of the grinding wheel.
Another possible reason for the presence of pores and pits is the transformation of deep
gaps and ridges formed during the rough grinding stage into holes and pits via mechanical
extrusion during the fine grinding stage. For trials P5 and P8, they had a total grinding
allowance of 0.02 mm accounting for only 5% of the total material thickness, where it
becomes challenging to achieve the desired surface quality if the damaged surfaces cannot
be effectively repaired during the fine grinding stage. Figure 13e illustrates a possible
mechanism for the generation of pores and pits. In the fine grinding stage, with a small
grinding depth, the proportion of scratching and plowing increases. The material in the
ridges flows to both sides under the pressure of the abrasive particles but is not completely
removed. Meanwhile, the grooves adjacent to the ridges are not sufficiently squeezed. As a
result of plastic deformation, gullies remain on the ground surface, and the cross-section
surface appears as pits and pores.
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Figure 13. Subsurface morphology of samples from trials (a,b) P8 and (c,d) P5, and (e) schematic
diagram showing generation mechanism of pores and pits.

3.4. Microhardness Variations

Figure 14 presents the microhardness gradient curve of the ground subsurface from
all trials with different grinding allowance allocations. The workpiece surface, which
had undergone carburization and quenching treatment, exhibited microhardness beyond
600 HV, gradually decreasing with the increasing measurement depth. Up to a measurement
depth of 1100 µm, the hardness value fluctuated around 450 HV. The curve shows that
the peak microhardness value of each sample was higher than 550 HV, within a depth
range of 100 µm to 700 µm. Comparing the microhardness curve of the workpiece surface
before grinding (as shown in Figure 14a), the initial effective carburized layer thickness was
approximately 1100 µm. Since the material removed by grinding was 400 µm, the change
in the residual carburized layer thickness due to the grinding process was not significant.
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Figure 14. Microhardness variation within the subsurface layer when grinding quenched gear
samples with different grinding allowance allocation, including samples (a) before grinding and from
trial (b) P1 to P3, (c) P4 to P6, and (d) P7 to P9.

The sample from trial P1 exhibited the highest peak microhardness on the ground
subsurface, reaching close to 650 HV at a depth of 200 µm, which was 15 HV higher than
the value at the same depth before grinding (at a depth of 600 µm). The increased hardness
in trial P1 suggests the occurrence of work hardening during grinding. It is worth noting
that in all the curves, the hardness value at a depth of 100 µm was lower than that at
200 µm. This may be because the measured indentation size was relatively large when
located at the edge of the gear material and the resin, resulting in a smaller measured value
than the actual one. For the other samples except the one from trial P1, another possible
reason was the occurrence of thermal softening within a depth of 200 µm below the surface
layer. The change in microhardness on the ground subsurface was the combined result
of grinding heat effects and mechanical effects during grinding. When the thermal effect
was dominant, the material’s hardness would be reduced, while the mechanical effect on
hardness was opposite to the thermal effect. Since the grinding temperature in trial P1 was
relatively low, work hardening occurred due to the mechanical effect contributed by the
grinding wheel. In contrast, the surface hardness curve obtained in trial P3 showed thermal
softening during grinding, with a hardness value at a depth of 200 µm approximately
40 HV lower than the hardness value at a depth of 600 µm before grinding, consistent
with the measurement results of the grinding temperature. The hardness gradient curves
of the subsurface obtained from the other trials also exhibited slight thermal softening.
The thermal softening effect was most pronounced in trial P7, with a reduction of about
30 HV at a depth of 200 µm. The difference in the hardness gradient among different
trials indicates that the allocation mode of the grinding allowance covertly influences the
microhardness gradient of the ground subsurface, based on the combined effects of the
mechanical and thermal factors.

3.5. Grinding Strategy Validation

In order to verify the results of the previous experiment, three 20Cr2Ni4A gear ring
blanks marked A, B, and C were randomly selected at the manufacturing site for machining.
The original allowance distribution strategy was selected for grinding gear A, and the
optimized distribution strategy was used for gear B and gear C. The specific process
parameters were shown in Table 3. During the grinding of gear B and gear C, the number
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of strokes in the rough grinding stage was reduced by increasing the grinding depth, and
the spindle speed of the grinding wheel was increased appropriately.

Table 3. Grinding parameters of gears in on-site machining.

Gear Strategy Grinding
Depth (mm) Strokes Spindle Speed

(r/min)
Total

Strokes

A
Rough grinding 0.015 12 2700

17Semi-finish grinding 0.013 4 2400
Fine grinding 0.010 1 2100

B

Rough grinding 0.025 2 2700

14
Semi-finish grinding 0.020 6 2700
Semi-finish grinding 0.014 4 2400

Fine grinding 0.01 2 2100

C
Rough grinding 0.018 8 2700

14Semi-finish grinding 0.015 4 2700
Fine grinding 0.01 2 2700

After grinding, the dimensions of the gears were recorded including cumulative tooth
pitch deviation, tooth thickness deviation, profile deviation, and lead profile deviation.
Improving the geometrical accuracy of gear dimensions can reduce transmission errors and
heat production during operating, and it can also reduce mechanical shock and noise. The
results are presented in Table 4 and Figure 15. The gear rings processed via the optimized
strategy presented good dimension accuracy, verifying the feasibility of achieving higher
dimensional accuracy while improving grinding efficiency.

Table 4. Results of dimensional accuracy of machined gears.

Gear Cumulative Pitch
Deviation (mm)

Tooth Thickness
Deviation (mm)

Profile
Deviation (mm)

Lead Profile
Deviation (mm)

A 0.0297 0.0309 0.0083 0.0099
B 0.0137 0.0131 0.0069 0.0092
C 0.0186 0.0164 0.0056 0.0088
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4. Conclusions

(1) The allocation mode of the grinding allowance has a significant influence on the
maximum grinding temperature. Multiple grinding passes with large cutting depths
in the rough grinding and first semi-fine grinding stages result in a relatively higher
temperature, and the corresponding grinding temperature model under different
grinding allowance allocations was proposed.
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(2) The allocation mode of the grinding allowance in the finish grinding stage affects
the ground surface morphology, limiting the removal of material thickness (within
0.02 mm) in the fine grinding stage and making it difficult to polish the rough surface
formed by rough grinding, with the surface roughness Ra exceeding 1.60 µm. Grain
refinement and defects such as plastic deformation, dark layer, material pull-out, and
adhesion, caused by thermal effects, are observed on the ground surface.

(3) Different grinding temperature levels result in variations in surface hardness. The
trial with the lowest grinding temperature exhibited a work hardening effect, with
an increase in microhardness of 15 HV in the ground subsurface. Conversely, the
trial with the highest grinding temperature showed a thermal softening effect, with a
decrease in microhardness of 40 HV within the subsurface layer.

(4) The feasibility of achieving higher dimensional accuracy while improving grind-
ing efficiency was validated when using the optimized grinding strategy, with the
distribution of allowance designed via gradual reduction according to the grinding
pass/stroke sequence.
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1 Metal Forming Department, Częstochowa University of Technology, ul. J.H. Dąbrowskiego 69,
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Abstract: This article presents the results of testing the conditions of closing foundry voids during
the hot forging operation of an ingot made of zirconium with 1% Nb alloy and use of physical
and numerical modeling, continuing research presented in a previous thematically related article
published in the journal Materials. The study of the impact of forging operation parameters on
the rheology of zirconium with 1% Nb alloy was carried out on a Gleeble 3800 device. Using the
commercial FORGE®NxT 2.1 program, a numerical analysis was performed of the influence of thermo-
mechanical parameters of the hot elongation operation in trapezoidal flat and rhombic trapezoidal
anvils on the closure of foundry voids. The analysis of the obtained test results was used to formulate
recommendations on the technology of hot forging and the anvilgeometry, ensuring closure of
foundry voids. Based on their research, the authors conclude that the shape of the deformation basin
and the value and hydrostatic pressure have the greatest influences on the closure of foundry voids.

Keywords: closurefoundry voids; zirconium ally; Forge; numerical modeling; forging process

1. Introduction

Zirconium alloy products, due to their physical and mechanical properties, are used in
industries in which high requirements are placed on mechanical properties and corrosion
resistance in aggressive environments. One of the main areas of use for zirconium alloy
products is as construction elements for the production of fuel assemblies (nuclear reactor
cores). The use of alloys on baize zirconia for the manufacture of the construction elements
of poly rods is related to the small active cross-section for the absorption of thermal
neutrons. They are characterized by the following additive properties: impermeability
of fission products (compared to steel, they have a 15-fold smaller active cross-section
for neutron capture) and resistance to radiation damage; low activity under neutron
irradiation; sufficient mechanical strength;a low creep rate at high temperatures; sufficient
thermal conductivity;andvery slow reactions with fuel and coolant (water), i.e., significant
resistance to corrosion [1–3]. In addition to meeting the requirements for ensuring high
mechanical and anti-corrosion properties, the products must have a uniform structure
without metallurgical discontinuities [2]. The heterogeneity of the structure in the finished
products may lead to stress concentrations, which may cause failure of fuel assemblies,
which in turn may eventually lead to accidents [4].

There are many zirconium-based industrial alloys used in the nuclear industry. In
general, the alloys are differentiated by the presence and content of elements such as Nb, Sn,
Fe, Cr, Ni, and O. The choice of an alloy is related to the purpose of a given constructional
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element for a specific type of reactor. PWR zirconium with 1% Nb(M5) is used for making
the plugs for cladding tubes of reactor fuel assemblies [5].

The technology for manufacturing tubes and rods from Zr–1%Nb alloy includes the
following operations (Figure 1) [2,6]. During the hot forging process, the cast structure is
fragmented, and the cross-section of the forging is reduced. The next stage is hot extrusion,
during which there is a significant change in the cross-section. The next stage is cold rolling
with intermediate and final annealing, during which a specific structure and the properties
of the finished products are formed.
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Authors [6,7] have stated that, in the process of ingot melting, the formation of a
piping cavity in the axis of the ingot and of central porosity is inevitable. The formation of
metallurgical discontinuities is related to the gradient of the crystallization rate in relation
to the volume of the ingot. After melting, the ingots are subjected to ultrasonic testing to
find metallurgical discontinuities. However, it is known from the authors’ experience that
there may be central porosities with diameters of up to Ø10 mm in the axial part, as well
as metallurgical voids with diameters of Ø1.0 mm at a certain distance from the axis of
the ingot.

An analysis of the literature shows that methods for closing foundry voids during hot
elongation of steel bars and aluminum and magnesium alloys are known [8–15], while no
workswere found on closing foundry voids in the elongation operation of zirconium bars
with the exception of the authors’ work [16].

Banaszek et al. [15] carried out numerical modeling of the closure of foundry voids dur-
ing the forging operation of Mg alloys bars and physical verification of the obtained results.

In the work [15], the conditions were determined for closing foundry voids in the
forging process of M5 alloy rods with the use of rhombic and flat anvils. To do so, the
investigators used a physical simulator of metallurgical processes, the Gleeble 3800, and
FORGE software, with which computer simulations of this process were carried out. The
use of a combination of computer and physical modeling to determine the parameters of
the hot elongation process is effective in terms of materials and time costs [14,17,18].

In the work, the authors showed the results of studies of the influence of the geometry
of flat trapezoidal and rhombic trapezoidal anvils on the closure of foundry voids in the
process of hot forging of M5 alloy rods. Based on the testing results, recommendations
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were made for the technology of hot forging processes, ensuring the closing of foundry
voids occurring in ingots made of M5 alloy.

2. Purpose and Scope of Work

The objective of the study was to formulate recommendations for the technology of
forging elongation that would ensure the closing of foundry voids occurring in zirconium
alloy, observed after the vacuum process of double remelting in an electric arc furnace. The
authors proposed that the operations of hot forging elongation should be performed with
the use of flat trapezoidal and rhombic–trapezoidal tools.

To achieve the goals of the study, tests investigatingthe forging of ingots in two anvil
assemblies were carried out. Modeling of the elongation investigation was performed
using the Forge program based on FEM, with the distributions of the hydrostatic pressure
and effective strain being determined on a cross-section of the deformed zirconium alloy
after each elongation process.

To test the forging process, the datafrom plastometric tests of the zirconium alloy were
obtained using the GLEBLLE 3800, based on which diagrams showing the relation between
stress and real deformation were developed, and the coefficients of the plasticizing stress
function were determined.

Based on the results of numerical studies, guidelines for the technology of forging
shaped anvils for closing foundry voids were developed.

The test results should help to improve the structural and mechanical properties
of zirconium alloy during the appropriate selection of the tool shape and technological
parameters of the forging process.

3. Methodology of Experimental Research

The zirconium alloy applied for the investigation was an M5 alloy with the following
composition and chemical configuration: zirconium with 1.1% Nb, 0.05% Fe, and 0.6% O.

The impact of thermomechanical parameters of the hot elongation of the M5 alloy rod
on the plasticizing stress σp was determined using a Gleeble 3800 plastometer, 323 NY-355,
Poestenkill, NY 12140, USA (Figure 2). Specimens of the M5 alloy in a crystallized state
(Figure 3), each of a working portion with a diameter of 10 mm and a height of 12 mm,
were used for the tests.
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Figure 3. The microstructure of starting specimens of the M5 alloy.

The tests were carried out in the temperature range of 770–950 ◦C [2,16]. On the
basis of the Zr–Nb phase equilibrium scheme at the 870–950 ◦C temperature range, the
structure of the metal is characterized by grains in the shape of the A2 unit cell. At forging
temperatures of 750–870 ◦C, the structure of Zr is in the zone of α + β [2]. During the
deformation of the zirconium with 1% Nb alloy sample in the specified temperatures, the
limit value of the deformation decreases by half [19–22]. In this article, the authors show
that the forging process of these alloys at temperatures less than 750 ◦C results in the
occurrence of cracks.

Tests were carried out for the deformation speed range from 0.5 s−1 to 5.0 s−1, even
though the average deformation speed for the hot elongation of the Zr alloys rods on
the pressure is 0.5 s−1 [16]. However, in local places of the deformed rods in the shaped
tools, the deformation speed is slightly higher, which is why it was decided to expand the
research area.

The functionality of this process is the ability to obtain relatively large strain values (up
to ε = 1.2 [19]); moreover, it is the most favorable strain state for describing the properties
of the alloys during plastic deformation [17].

Origin software was used to process the final test results. This software allowed for a
comprehensive analysis of the experimental data obtained, reducing the number of samples
tested to two for a single point with an error limit less than 2–3%.

To use of the real results from plastometric tests of the M5 Zr alloys, an approximation
of flow curves σP − ε was carried out with the use of the generalizing connection–functions
of Henzel A. and SpittelT. [19]:

σP = A · em1·T · Tm9 · εm2 · em4/ε · (1 + ε)m5·T · em7·ε · .
ε

m3 · .
ε

m8·T (1)

where σp is stress, Tis temperature, ε is strain,
.
ε is strain rate, A, and m1–m9 are function coefficients.

The approximation of the testing effects was carried out according to the method [14]
in FORGE@2023 software, Transvalor S.A., E-Golf Park, 950 avenue Roumanille, CS 40237
Biot, 06904 Sophia Antipolis cedex, France.

4. Testing Results

Figures 4–6 illustrate the σP − ε curves of the zirconium alloys deformed at T = 770–950 ◦C
for the deformation speed

.
ε from 0.5 s−1 to 5.0 s−1. These figures show increases in the

temperature of test T from 770 ◦C to 950 ◦C, during which the value of the plasticizing
stress σp decreases about 2.5 times. An increase in the deformation speed from 0.5 s−1

to 5.0 s−1 led to an increase in the plasticizing stress σp, and at T = 770 ◦C, this increase
amounted to ~29%. At T = 850 ◦C, this increase was ~36%, and at T = 950 ◦C, it was 43%.
The conducted research showed that the increase in the deformation speed affected the
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plasticizing stress σp, which increased, and in addition, the magnitude of this increase was
correlated with the temperature.
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Figure 4. The σP − ε flow curves of the M5 alloy, obtained for T = 770 ◦C in the deformation speed
range

.
ε from 0.5 to 5.0 s−1 using the Gleeble 3800.

The σP − ε plasticity curves for the tested temperature range varied. For the deforma-
tion speed

.
ε = 0.5 s−1 in the tested temperature range, the σP − ε curves reached the max.

stress value for a programmed deformation value, and as the temperature increased, the
max. plasticizing stress value σp moved toward actual smaller values.

The data shown in Figure 5 demonstrate that the curve obtained at deformation speeds
of

.
ε = 0.5 s−1 and

.
ε = 5.0 s−1 are of a different character. The max. value of yield stress

during deformation speed
.
ε = 0.5 s−1 was observed for the value of real deformation

ε = 0.12, and with a continued increase in deformation, a decrease in the value of yield
stress was obtained. For the deformation speed

.
ε = 5 s−1, the value of yield stress increases

to the value of real deformation ε = 0.3, where the curve flattening effect takes place.
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Figure 5. The σP − ε flow curves of the M5 alloy, obtained for the temperature T = 850 ◦C in the
deformation speed range

.
ε from 0.5 to 5.0 s−1 using the Gleeble 3800 metallurgical simulator.
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This difference may be due to the dynamic softening process being delayed with the
increase in strain rate. Dynamic recrystallization is inhibited, and the softening of the
material proceeds in accordance with the mechanism of dynamic polygonization. At the
temperature T = 862 ◦C, a polymorphic transformation takes place in zircon, and the crystal
lattice changes from the hexagonal A3 lattice to the spatially centered cubic lattice A2 [2].
The non-monotonicity of the curve may be caused by the beginning of the polymorphic
transformation [11].
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As an effect of approximation of the investigational zirconium alloy curves, Hensel–
Spittel coefficients were determined for the temperature and speed of the following plastic
processing conditions: T = 770–950 ◦C, and

.
ε = 0.5–5.0 s−1 (Figure 7).
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The multifactorial Equation (1), using the coefficients shown in Figure 8 in the process
of computer simulation, describes the changes in the value of the plasticizing stress of

192



Materials 2023, 16, 5431

the M5 alloy depending on the thermomechanical parameters of the tested technologi-
cal processes. The approximation results for the M5 alloy in the temperature range of
T = 770–950 ◦C and deformation rates from 0.5 s−1 to 5.0 s−1 are shown in Figure 8 in the
form of three-dimensional graphs.
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Figure 8. Results of the approximation of the M5 alloy stress–strain curves in the temperature range
T = 770–950 ◦C in the form of three-dimensional graphs: (a)

.
ε = 0.5 s−1; (b)

.
ε = 5.0 s−1.

It can be assumed that the coefficients of the approximating Function (1) are wellchosen
if the average error does not exceed 15% [18]. For the range of parameters examined in the
article, the average error of approximation is ~10%.

5. Methodology of Conducted Numerical Research

This article provides a theoretical analysis of the process of elongating Zr alloy bars
for two different anvils to determine the possibility of closing foundry voids in Zr alloys.
Tools were characterized by various geometrical surfaces of the deformation valley, which
resulted in obtaining various directions and orientations of the pressure and friction forces
in the deformed Zr alloy in the deformation place. The various directions and orientations
of forces influenced the mechanism of welding of the foundry voids inside the deformed
bars. Constant parameters of the forging operation were assumed, such as a forging
initiation temperature of 950 ◦C, a value of relative compressionof 35%, and a value of the
feed angleof 8 mm/s [23,24].

The parameters for the lengthening operation were adopted based on the authors’
experience in this field [15,16].

The computer program FORGE was applied to model the forging process in shaped
anvils [25]. Forges enable the runningofthermomechanical simulations of, among other
processes, plastic forming processes [26]. A description of the temperature, force, stress,
strain, and thermomechanical and frictional laws used in the investigation appeared in [21].

For thermal calculations, the Galerkin equation was used, while the strengthening
curves were approximated by the Henzel–Spitel equation (Figure 8).In this paper, to
simulate the elongation operation, a thermo–visco–plastic model of the deformed body,
which is based on the theory of large plastic deformations, was used. To generate the
grid of finite elements, tetrahedral elements with the bases of triangles were used. In the
generated model input, a number of nodes equal to 8958 was used for the simulation,
while the number of tetrahedral elements adopted for the simulation was 40,760. The
coefficient of friction between the surface of the tools and the bars, adoptedaccording
to Coulomb’s law, was µ = 0.3. The value of the friction coefficient used for numerical
modeling wasnot determined experimentally, but results from forging practice were used
for many years.For the free forging of steels and alloys, friction coefficient values between
0.24 and 0.46 are assumed.
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The following boundary conditions were assumed during the numerical tests: Indirect
heat transfer between material and tool –“Steel Hot Medium.tef”; Friction coefficient
between material and tools–“High.tff”;and Heat transfer coefficient between material
and environment—“Air. tef”. The heat transfer coefficient connecting the tools and the
zirconium alloy was assumed to be α = 10,000 W/m2K and the heat transfer coefficient
between the zirconium alloy and the environment to be equal to λ = 10 W/m2K. The
environment temperature was 25 ◦C, and the tool temperature was 250 ◦C. The starting
temperature was 950 ◦C. In all forging steps, a relative 35% crumple was assumed. The
speed of the upper tool was v = 8 mm/s, while the lower tool was assumed to be stationary.

Table 1 shows the values of the boundary and initial conditions used in the numerical model.

Table 1. Values of the boundary and initial conditions used in the numerical model.

Parameter Name Parameter Value

Heat transfer coefficient material-anvils 10,000 W/m2K

Heat transfer coefficient material-environment 10 W/m2K

Relative reduction 35%

Upper anvil speed 8 mm/s

Friction coefficient 0.3

Starting material temperature 950 ◦C

Starting anvil temperature 250 ◦C

Environmental temperature 25 ◦C

Rotary in elongation operation 90 ◦C

In the FORGE computer program, the diffusion model does not exist. The inference of
foundry voids closing is based on the values of hydrostatic pressure and the temperature
of the rods being elongated. Therefore, in the forging process, the aim is to achieve the
maximum possible values of hydrostatic pressure within the foundry voids, as well as to
maintain a high temperature close to that at the beginning of forging. Through the process
of closing the foundry voids, there are high values of hydrostatic pressure on their right
and left sides, while there is no hydrostatic pressure on their top and bottom sides (positive
values of average stress) [13].

Zr alloy bars with a diameter of 100 mm and a length of l = 50 mm were deformed in
two compositions of tools in four forging transitions.

The contour and size of the tools used in the investigation are shown in Figures 9 and 10,
respectively.

This work describes a graph of the forging operation for flat trapezoidal tools (Figure 9).
During in first step, flat trapezoidal tools were used, in which a bar heated to a temperature
of 950 ◦C was deformed with a relative reduction of 35%, and then the bar was rotated 90◦.
In the next step, with the bar using the same anvils, relative reduction of 35% was again
applied, and it was rotated 90◦ clockwise. Before the third step, the bar was heated to a
temperature of 950 ◦C because, after the second step, the temperature of the bar decreased
to 750 ◦C, and according to the practice of forging Zr alloys, it is impossible to carry out
further steps of the forging process. Subsequently, the next steps were already carried
out in flat tools with a relative reduction of 35%. After the third pass, the bar was rotated
90◦ clockwise.

For the rhombic trapezoidal tools (Figure 10), the procedure was analogous to the
forging scheme described above.

The geometry and distribution of the modeled foundry voids on the end face of the
model Zr alloy bar are shown in Figure 11.
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The initial model for the forging process was a cylinder with a diameter of 100 mm
and a length of 50 mm, in which nine foundry voids were modeled with a length of charge
(50 mm); the first axial one had a diameter of 10 mm, and the other eight, with a diameter of
1 mm, were distributed around the circumference of the model charge 25 mm from its axis
(Figure 11). The charge modeled in this way corresponded to the shape of an ingot obtained
after double remelting in a vacuum in an arc furnace. Artificially modeled holes simulated
internal casting discontinuities, such as central porosity and casting voids. Descriptions of
these defects can be found in the literature [23–26].

The model inputs and tools were drawn with AutoCad software. The foundry voids
were drawn as cylinders inside the model input. Using the various tools in the program,
the foundry voids were interpreted by the AC program as holes. The model diagram with
artificially simulated foundry voids was exported to the Forge program as a file with the
“stl” extension. The same process was performed for all of the tools’ compositions. In
Forge, using the stl@meshing and volume@meshing tools, a 2D triangular grid was useful
to the input and artificially modeled foundry voids, followed by a 3D tetrahedral grid. In
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total, for the correct simulation of the closure of foundry voids and their good formation,
the built-in tools FoldsDetection andSelfContactwere used. Due to the use of the shown
tools during the FEM simulation in the places of welded foundry voids, there were no
calculation errors or mesh deterioration. During welding, the foundry voids of the nodal
points of the tetrahedral elements in close contact connected; thus, the modeled foundry
voids were closed. During modeling, there were no errors in the form of interpenetration
of nodes of tetrahedral elements around closed foundry voids.
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On the basis of the simulations of the closing process of foundry voids during the
forging of bars made of zirconium alloy in flat and rhombic tools, the volume values of the
remaining unwelded foundry voids were determined. The procedure was as follows.After
the simulation of the forging process was completed, the stlfile with a deformed bar was
exported from the Forge program to the RinoCeros program, where the tetrahedral element
grid was separated in this program, and the bar contour elements were removed. After this
step, only tetrahedral elements that constituted the contours of the unwelded discontinuities
remained. The next step was to merge the previously broken grid of tetrahedral elements.
In the last step, using the physical parameters tool in the RinoCeros program, the whole
volume of foundry voids for individual forging process was obtained.

After the bar forging process was carried out in two anvil compositions, the values of
the hydrostatic pressure at the nodal points of the tetrahedra, constituting the contour of
the unwelded foundry voids, were determined as the arithmetic means of the occurring
stresses.The same procedure was performed for the value of the effective strain. All the
results shown in the article are subject to some errors resulting from the need to analyze
the numerical and data and the results obtained.

6. Analysis of Distribution of Hydrostatic Pressure Values During Forging Process

The test effects concerning the hydrostatic pressure distribution during the zirconium
alloy bar extension operation in two tool compositions are shown in Figures 12–27.
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6.1. Analysis of the Distribution of Hydrostatic Pressure Values During the Forging Process in Flat
Trapezoidal Anvils

Figures 12–19 present the distributions of hydrostatic pressure values obtained during
the numerical computation of elongating Zr alloy bars in flat trapezoidal anvils.

The data in Figures 12 and 13 show that the axial foundry voids with a diameter of
10 mm were welded in the first forging step, indicating that the use of flat trapezoidal
tools results in obtaining the appropriate characteristics of the stress distribution in the
axial zones of the deformed rod, with a positive effect on the closing discontinuities. The
value of hydrostatic pressure in the axis of the forged bar was 53 MPa. This outcome is
especially important because, in the first steps of the forging process, the temperature of
the deformed bar does not change, which facilitates welding of the discontinuities. It is
also worth noting that, after the casting process for ingot molds, the discontinuities in the
axis of the ingot have the largest volume, and they are difficult to weld in the further stages
of the elongation process. Therefore, it is very important that the compressive stresses of
the highest possible values occur in these zones. The use of a flat trapezoidal anvil in the
starting bar forging process also favors the process of welding foundry voids in the areas
under the operation of the lower flat tool because, as shown by the hydrostatic pressure
distribution (Figure 12), its values are within the range of 26–53 MPa. On the other hand,
the forging process in flat trapezoidal anvils does not favor the welding of foundry voids
located in places under the action of the upper trapezoidal form. The values of compressive
stresses in this place range from 5 to 25 MPa. There were three unwelded foundry voids left.
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Figure 14. Hydrostatic pressure on the cross-section of a forged bar in the second step after turning
through an angle of 90◦ with a 35% crumple.
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Figure 15. Hydrostatic pressuredistribution with a view of unclosed defects in the volume of a forged
rod in the second transition after a rotation of 90◦ with 35% crumple.

Based on the test results shown in Figures 14 and 15, it can be concluded that, in
the predominant volume of the deformed rod, adecreasein the value of the hydrostatic
pressure from 53 MPa to a value close to zero was noted, proving its absence. The lack of
hydrostatic pressure does not favor the welding of the foundry voids. The only area where
the hydrostatic pressure was still present (its value was 26 MPa) was the area on the right,
impacted by the lower anvil. Two consecutive discontinuities did not fully weld in the
second forging step due to a lack of hydrostatic pressure in the place of their occurrence,
and the value of the average stress was 0.12 MPa there; i.e., it was tensile stress, unfavorable
for the welding of the discontinuities.

Figures 16 and 17 show the test results obtained after deformation in the third forging
step, where the flat trapezoidal tools were replaced with flat tools, and the deformed
bar was heated to the starting temperature. The data analysis shows that no unwelded
foundry voids were observed in the volume of the deformed bar. In the central deformation
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zone of the rod, the hydrostatic pressure was 26 MPa. Outside of this zone, there was no
hydrostatic pressure.
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Figure 16. Hydrostatic pressure on the cross-section of a forged bar in the third step after turning
through an angle of 90◦ with a 35% crumple (change to flat anvils).
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Figure 17. Hydrostatic pressuredistribution with a view of unclosed defects in the volume of a forged
rod in the third transition after a rotation of 90◦ with 35% crumple(change to flat anvils).

The data in Figures 18 and 19 show that, in the fourth and last elongation step in
the entire volume of the deformed rod, no hydrostatic pressure was recorded outside the
corner areas. There were positive mean stress values in the range of 0.12–53 MPa. The
introduction of flat anvils on the last stages of rod formation, after using the trapezoidal
flat anvil to introduce high hydrostatic pressure, did not bring the intended effect. During
the forging with flat anvils, positive values of average stresses in most areas of the forged
rod were observed, preventing the welding of discontinuities, especially those with large
initial dimensions.
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Figure 18. Hydrostatic pressure on the cross-section of a forged bar in the fourth step after turning
through an angle of 90◦ with a 35% crumple (change to flat anvils).
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Figure 19. Hydrostatic pressuredistribution with a view of unclosed defects in the volume of a forged
rod in thorough transition after a rotation of 90◦ with 35% crumple (change to flat anvils).

6.2. Analysis of the Distribution of Hydrostatic Pressure Values in the Forging Process in the
Rhombic Trapezoidal Tools

Figures 20–27 show the distribution of hydrostatic pressure values obtained in the
numerical computation of the elongation of the bar from the zirconium alloy in rhombic
trapezoidal tools.

The data in Figures 20 and 21 show that, during the implementation of the initial
stages of the elongation using rhombic trapezoidal anvils, the axial discontinuity, as well
as the discontinuity lying in the zone of impact of the lower rhombic anvil, is not com-
pletely welded. In the place of axial discontinuity occurrence, the hydrostatic pressure
was 33 MPa, while in the place of the second occurrence ofunclosed foundry voids, it was
2 MPa. The pressure value obtained in this place was too low for the process of closing the
foundry voids. The value of the hydrostatic pressure of 64 MPa is sufficient to weld the
discontinuities in the corners of the deformed rod along the x axis.
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Figure 20. Hydrostatic pressure on the cross-section of a forged bar in the first step with a 35% crumple.
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Figure 21. Hydrostatic pressure distribution, along with the view of unclosed defects in the volume
of a forged bar in the first step with a 35% crumple.
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of a forged rod in the second pass after turning through an angle of 90◦ with a 35% crumple.
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Figure 24. Hydrostatic pressure on the cross-section of a forged bar in the third pass after turning
through an angle of 90◦ with a 35% crumple(change to flat anvils).

By analyzing the data presented in Figures 22 and 23, it can be concluded that, in the
majority of the volume of the deformed bar in the next forging step, no hydrostatic pressure
occurred; therefore, the foundry voids remaining after the first forging step were also not
closed in the second step. In these places, no hydrostatic pressure existed, and the values
of positive mean stress ranged from 29 to 60 MPa. This outcome proves that, in this area,
tensile stresses occurred, blocking the closing process of foundry voids.

Figures 24 and 25 show the distribution of hydrostatic pressure on the cross-section
of a deformed zirconium alloy rod previously heated to the initial forging temperature
after the third step, made with flat tools with a 35% crumple. No unclosing foundry voids
were observed because, in almost the entire volume of the deformed bar, the hydrostatic
pressure achieved values of 64–126 MPa, creating favorable conditions for the closing of
foundry voids.

Based on the data in Figures 26 and 27, it can be seen that, after the fourth, final step in
the entire volume of the deformed bar, the value of the hydrostatic pressure was sufficiently
large, influencing the closing of the foundry voids. The values of hydrostatic pressure
occurring in the entire volume of the deformed bar ranged from 33 to 64 MPa.
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Figure 26. Hydrostatic pressure on the cross-section of a forged bar in the fourth pass after turning
through an angle of 90◦ with a 35% crumple(change to flat anvils).
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7. The Distribution of Deformation Intensity During The Forging Process

To obtain the deliberate characteristics of the deformations that would facilitate closing
of the foundry voids, the authors proposed that the forging process should be carried out
in rhombic trapezoidal and flat trapezoidal anvils, allowing them to control the direction,
orientation, and magnitude of the vectors of friction and the pressure forces acting in the
deformation area and to select the appropriate values of the main technological parameters
of the forging process.

The effects of the investigation of the distribution of hydrostatic pressure in the
elongation of the zirconium alloy bar in flat, trapezoidal, andrhombic-trapezoidal anvils
are presented in Figures 28–43.

7.1. The Distribution of the Deformation Intensity Values in the Forging Process in Flat
Trapezoidal Anvils

Figures 28–35 show the effective strain distributions obtained during numerical com-
putation of zirconium alloy bar elongation in flat trapezoidal anvils.
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Figure 28. The effective strain on the cross-section of the forged bar in the first step with a 35% crumple.
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Figure 29. Distribution of the effective strain, along with a view of the unclosed defects in the volume
of the forged bar in the first step with a 35% crumple.
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Figure 30. The effective strain on the cross-section of the forged bar in the second step after turning
through an angle of 90◦ with a 35% crumple.
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Figure 31. Distribution of the effective strain, along with a view of the unclosed defects in the volume
of the forged bar in the second step after turning through an angle of 90◦ with a 35% crumple.

By analyzing the data in Figures 28 and 29, it can be seen that the axial discontinuity, as
well as the foundry voids under the direct influence of the lower flat anvil, was completely
closed after the first forging step. A favorable state of deformation developed in the metal
located in the deformation basin due to the appropriate directions and orientations of
frictional forces and the pressure forces resulting from the impact of the employed surfaces
of the shaped tools on the deformed rod. Such a distribution of forces caused the occurrence
of large deformations in the middle and lower places of the deformed bar, leading to the
effective strain values ranging from 1.17 to 2.64. Only the discontinuities in the areas of
the metal impacted by the upper trapezoidal anvil remained completely unwelded. The
values of the effective strain were too small there to allow for complete welding of the
discontinuities, as they amounted to 0.19–0.44.
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Figure 32. The effective strain on the cross-section of the forged bar in the third step after turning
through an angle of 90◦ with a 35% crumple(change to flat anvils).
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Figure 33. Distribution of the effective strain, along with a view of the unclosed defects in the volume
of the forged bar in the third step after turning through an angle of 90◦ with a 35% crumple(change
to flat anvils).

The data in Figures 30 and 31 show that, after the second step, the foundry voids
remaining after the first step were still not completely closed because, in the places of their
occurrence, the values of the effective strain were too small and amounted to 0.19–0.44.
On the other hand, in the area on the left side of the deformed bar, the effective strain
values were favorable for the process of closing the foundry voids, as they were in the
range of 1.41–2.64.

Figures 32 and 33 show the effective strain values after the third step and after changing
the shaped tools to flat tools, before heating the forged bar to the starting temperature
and its rotation by an angle of 90◦. The data presented in Figures 34 and 35 show that
the foundry voids remaining after the second forging step were completely closed. The
values of the effective strain in the middle and lower places of the deformed bar were
high and ranged from 1.41 to 2.64. On the other hand, the distribution of the effective

206



Materials 2023, 16, 5431

strain values, which were in the range of 0.19–0.92 and thus unfavorable for the welding of
discontinuities, was observed in the zone of the bar impacted by the upper anvil.
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Figure 34. The effective strain on the cross-section of the forged bar in the fourth step after turning
through an angle of90◦ with a 35% crumple(change to flat anvils).
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Figure 35. Distribution of the effective strain, along with a view of the unclosed defects in the volume
of the forged bar in the fourth step after turning through an angle of 90◦ with a 35% crumple(change
to flat anvils).

By analyzing the data in Figures 34 and 35, it can be concluded that the values of the
effective strain in the last (fourth) step slightly increased. Apart from the small zone to
the right of the y axis of the deformed bar, these values were large and ranged between
1.17 and 2.64.

7.2. The Distribution of the Deformation Intensity Values in the Forging Process in the Rhombic
Trapezoidal Tools

Figures 36–43 show the effective strain distributions obtained in numerical computa-
tions of the zirconium alloy bar with rhombic trapezoidal tools.
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through an angle of 90◦ with a 35% crumple.
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the forged bar in the second step after turning through an angle of 90◦ with a 35% crumple.
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Figure 40. The effective strain on the cross-section of a forged bar in the third step after turning
through an angle of 90◦ with a 35% crumple (change to flat anvils).
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Figure 42. The effective strain on the cross-section of a forged bar in the fourth step after turning
through an angle of 90◦ with a 35% crumple (change to flat anvils).

By analyzing the data presented in Figures 36 and 37, it can be seen that, in the central
areas of the deformed bar, the value of the deformation intensity was 2.60, which was
insufficient for the complete closing of the axial foundry voids present there. In the lower
part of the bar, which was deformed after the first step, unclosed foundry voids were also
observed because values of the effective strain in that zone were small, ranging from 0.28 to
0.54. The low intensity of deformations concentrated in the region of foundry voids did not
have a positive effect on the closing process of foundry voids.

The data in Figures 38 and 39 show that, due to the high value of the effective strain in
the second forging transition, whichwas equal to 2.60, the axial foundry voids were partially
welded. Additionally, the foundry voids, now located in the left part of the deformed bar
because the bar had been turned 90◦, was not closed due to the presence of a small value of
the effective strain equal to 0.28.

Materials 2023, 16, x FOR PEER REVIEW 28 of 33 
 

 

 

Figure 43. Deformation effective strain, along with the view of non-closed defects in the volume of 

the forged bar in the fourth step after turning through an angle of 90° with a 35% crumple (change 

to flat anvils). 

By analyzing the data presented in Figures 36 and 37, it can be seen that, in the central 

areas of the deformed bar, the value of the deformation intensity was 2.60, which was 

insufficient for the complete closing of the axial foundry voids present there. In the lower 

part of the bar, which was deformed after the first step, unclosed foundry voids were also 

observed because values of the effective strain in that zone were small, ranging from 0.28 

to 0.54. The low intensity of deformations concentrated in the region of foundry voids did 

not have a positive effect on the closing process of foundry voids. 

The data in Figures 38 and 39 show that, due to the high value of the effective strain 

in the second forging transition,whichwas equal to 2.60, the axial foundry voids were par-

tially welded. Additionally, the foundry voids, now located in the left part of the deformed 

bar because the bar had been turned 90°, was not closed due to the presence of a small 

value of the effective strain equal to 0.28. 

From the data presented in Figures 40 and 41, which present the distribution of the 

effective strain values after the third step, no modeled foundry voids were observed. In 

most of the cross-sectional zone of the deformed bar, there was a favorable distribution of 

the effective strain values within the range of 1.052.60. Additionally, based on the data 

presented in Figures 42 and 43, it can be concluded that, on the cross-sectional area of the 

bar deformed in the fourth step, the values of the effective strain were large (in the range 

of 1.052.60) and facilitated the closure of foundry voids. The exception was the area at 

the contact surface of the alloy with the anvil, in which the effective strain values were 

small and fell within the range of 0.020.28. However, internal foundry voids never occur 

in the near surface zones. 

8. The Influence of the Anvil Shape on Changes in the Volume of Discontinuities, 

Hydrostatic Pressure, and the Effective Strain in the Zr Alloy in the First Two Steps 

Figures 4446 show diagrams of the total volume of unclosed foundry voids, mean 

values of hydrostatic pressure, and arithmetic mean values of the effective strain occurring 

around unclosed foundry voids for the anvils analyzed in the article, divided into the first 

and second steps. 

To determine the influence of the deformation basin shape on the closing of internal 

foundry voids, the authors also presented the research results in [18]. 

By analyzing the data presented in Figures 4446, the authors try to answer the ques-

tion of how the shape of the hi�ing surfaces of the tools affects the closing of internal 

foundry voids. 
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flat anvils).

From the data presented in Figures 40 and 41, which present the distribution of the
effective strain values after the third step, no modeled foundry voids were observed. In
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most of the cross-sectional zone of the deformed bar, there was a favorable distribution of
the effective strain values within the range of 1.05–2.60. Additionally, based on the data
presented in Figures 42 and 43, it can be concluded that, on the cross-sectional area of the
bar deformed in the fourth step, the values of the effective strain were large (in the range of
1.05–2.60) and facilitated the closure of foundry voids. The exception was the area at the
contact surface of the alloy with the anvil, in which the effective strain values were small
and fell within the range of 0.02–0.28. However, internal foundry voids never occur in the
near surface zones.

8. The Influence of the Anvil Shape on Changes in the Volume of Discontinuities,
Hydrostatic Pressure, and the Effective Strain in the Zr Alloy in the First Two Steps

Figures 44–46 show diagrams of the total volume of unclosed foundry voids, mean
values of hydrostatic pressure, and arithmetic mean values of the effective strain occurring
around unclosed foundry voids for the anvils analyzed in the article, divided into the first
and second steps.

To determine the influence of the deformation basin shape on the closing of internal
foundry voids, the authors also presented the research results in [18].

By analyzing the data presented in Figures 44–46, the authors try to answer the
question of how the shape of the hitting surfaces of the tools affects the closing of internal
foundry voids.
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Figure 44. The total volume of unclosed foundry voids in the volume of a forged Zr alloy bar for
two forging steps in relation to individual tools’ compositions.

By analyzing the data presented in Figure 44, it can be seen that the best results in
terms of the closing of foundry voids during the forging process of Zr alloy bars after the
first and second steps were obtained for rhombic–flat and flat tools [18]. After the second
step, the values of the total volumes of unclosed foundry voids ranged from 66.40 mm3

to 82.80 mm3, which constituted only 1.5% to 2% of the volume of the initially modeled
discontinuities. It is worth noting that the total starting value of the volume of all modeled
foundry voids was 4239 mm3. The conducted research shows that the closing of foundry
voids can also be performed with the use of rhombic trapezoidal and flat trapezoidal anvils.
For these tools, after the first step, an observed reduction in the total volume of foundry
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voids amounted to 105.53 mm3 and 1181.38 mm3, respectively. After the second step for
these tools, a decrease in the total value of the volume of unclosed foundry voids was noted.
The volumes of unclosed foundry voids were 99.64 mm3 and 157.62 mm3, respectively,
which accounted for 2.3% and 3.7% of the volume of the initially modeled foundry voids.

Figure 45 also presents data on the value of hydrostatic pressure obtained after forging
processeswith flat and shaped tools presented in [18] to compare the hydrostatic pressure
values obtained for different anvils. The data presented in Figure 45 show that, for the
assembly of flat–trapezoidaland rhombic–trapezoidal anvils, the value of the hydrostatic
pressure after the first step was similar and amounted to 26 MPa and 17 MPa, respectively.
After the second step, a decrease in this value was observed for both the first and the
second anvils’ composition, while for the rhombic–trapezoidal anvils, the decrease was
about 16 MPa.

Based on the analysis of the data shown in Figure 45, it can be seen that the highest
value of hydrostatic pressure after the first and second steps was obtained for the rhombic–
flat and flat tools. The high value of the hydrostatic pressure around the foundry voids is
not unambiguous in relation to the total value of the closed foundry voids (Figure 44).
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Figure 45. The arithmetic mean value of the hydrostatic pressure around the unclosed foundry voids
in relation to the individual tools’ compositions.

Figure 46 compares the data on the value of the effective strain obtained after the
forging process in flat and shaped tools presented in [18]. The study of the information in
Figure 46 shows that the most favorable arithmetic mean value of the effective strain after
two steps was obtained for flat tools and was equal to 1.70. The arithmetic mean values
of the effective strain calculated for the bar forging in the remaining tool compositions,
except for the rhombic–trapezoidal tools, had much lower values. In the implementation
of the first two steps with the rhombic–trapezoidal anvils, the arithmetic mean value of
the deformation intensity after the first transition was 1.44, and after the second transition,
it was 1.31. These values were, however, slightly lower than the values obtained for
the deformation with flat anvils. This slightly smaller difference resulted in significant
inhibition of the welding process of metallurgical discontinuities after the second forging
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transition. For trapezoidal anvils, the worst results were obtained in terms of closing of the
foundry voids (Figure 44).
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Figure 46. The arithmetic mean value of the deformation intensity occurring around unclosed
foundry voids in relation to individual tool compositions.

Considering the operations of the forging processes of Zr alloy with five different
tool compositions, it can be stated that it is favorable, in terms of closed foundry voids, to
maintain the effective strain in the area of the closed foundry voids at the level of 1.70 and
higher and the hydrostatic pressure at the level of 45 MPa and higher.

9. Conclusions

Based on the investigation of the results of the conducted research, the following
conclusions were drawn:

1. The use of different hitting surfaces of the tools to close internal foundry voids
significantly affects their closing;

2. The most important factor for the closing of internal foundry voids in elongation is
not only the value of hydrostatic pressure, which, depending on the anvil’s shape
used, should be between 53 and 126 MPa, but, above all, the shape of the deformation
basin, which influences the distribution of effective strain;

3. The highest values of the effective strain, in the range of 1.31–1.44, were obtained
during the operation of the forging process of zirconium alloy bars with rhombic–
trapezoidal tools, providing good material processing and at the same time contribut-
ing to obtaining better mechanical properties of the finished product;

4. Closing of all modeled metallurgical discontinuities for both anvil compositions was
achieved in the third step;

5. The greatest axial discontinuity was closed with the flat–trapezoidal anvils;
6. When carrying out the elongation operation to weld foundry voids, the highest

possible values of relative reduction in the range of 30–40% should be used because
high values of reduction affect the formation of stresses and compressive deformations
in the local zones of the deformed bar that favor the closing of foundry voids.
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After the analysis of the forging process operation to weld the internal foundry voids oc-
curring in Zr alloy ingots, the following guidelines for the forging technology were proposed.

• For the initial stages of the elongation operation, anvils with different working surfaces
should be used, based on which it is possible to weld the largest (in terms of volume)
metallurgical discontinuities in the rod axis. In addition, the use of these anvils results
in good material processing and allows for obtaining a homogeneous distribution of
mechanical properties in the starting volume of the deformed bar.

• After the first two steps of the forging operation, additional heating of the bar should
be applied.

• For the final stages of forging, it seems reasonable to use flat tools due to the higher val-
ues of the effective strain and hydrostatic pressure in the volume of the deformed bar.

• In all forging transitions, irrespective of the anvils used, the highest possible values of
relative reduction should be used.

The authors intend to verify the obtained modeling results under laboratory conditions
in the near future.
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Abstract: Super austenitic stainless steels are expected to replace expensive alloys in harsh environ-
ments due to their superior corrosion resistance and mechanical properties. However, the ultra-high
alloy contents drive serious segregation in cast steels, where the σ phase is difficult to eliminate.
In this study, the microstructural evolution of 7Mo super austenitic stainless steels under different
homogenization methods was investigated. The results showed that after isothermal treatment for
30 h at 1250 ◦C, the σ phase in steels dissolved, while the remelting morphologies appeared at the
phase boundaries. Therefore, the stepped solution heat treatment was further conducted to optimize
the homogenized microstructure. The samples were heated up to 1220 ◦C, 1235 ◦C and 1250 ◦C with
a slow heating rate, and held at these temperatures for 2 h, respectively. The elemental segregation
was greatly reduced without incipient remelting and the σ phase was eventually reduced to less
than 0.6%. A prolonged incubation below the dissolution temperature will lead to a spontaneous
compositional adjustment of the eutectic σ phase, resulting in uphill diffusion of Cr and Mn, and
reducing the homogenization efficiency of ISHT, which is avoided by SSHT. The hardness reduced
from 228~236 Hv to 220~232 Hv by adopting the cooling process of “furnace cooling + water quench”.
In addition, the study noticed that increasing the Ce content or decreasing the Mn content can
both refine the homogenized grain size and accelerate diffusion processes. This study provides a
theoretical and experimental basis for the process and composition optimization of super austenitic
stainless steels.

Keywords: super austenitic stainless steel; homogenization; Cerium; Manganese

1. Introduction

7Mo super austenitic stainless steel (SASS) is the highest-alloyed austenitic stainless
steel with more than 50% alloying elements, including molybdenum and nickel. It possesses
stronger corrosion resistance (PREN ≥ 40) and mechanical properties than common stain-
less steels [1]. Compared with nickel-based alloys, 7Mo SASS has significant advantages
of cost-effectiveness and rivaled-performance, which can partially replace the application
of expensive alloys in harsh environments [2]. However, the formation of the σ phase is
difficult to control due to the strong tendency of elemental segregation. The σ phase is a
brittle phase that arises as a eutectic phase in SASSs [3]. An excessive σ phase will cause
cracking during processing [4,5] and reduce corrosion resistance [6]. In order to reduce the
influence of the σ phase on hot processing and application, the σ phase can be reduced
by regulating the alloy composition [3,7–9] or by adopting homogenization treatment [10].
However, the dissolution temperature of the σ phase increases with the increasing alloying
contents in steels, to pose a challenge in the homogenization process [11].
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The traditional homogenization process for steels is the isothermal solution heat
treatment (ISHT), with the main processes of heating → holding → rapid cooling. In
304 stainless steel (18Cr-8Ni), homogenization can be achieved by holding the steel at
1050~1150 ◦C for 0.17 h [12,13]. The first-generation SASS 904 L (20Cr-23Ni-4Mo) needs to
be held at 1100~1150 ◦C for 4~8 h. Until 654 SMO (25Cr-20Ni-7Mo), where the temperature
is increased to 1280 ◦C and it need to be held for more than 30 h [14,15]. At the same
time, as the Mo contents increase further, the dissolution temperature of the eutectic σ

phase gradually increases, accompanied by the lower liquidus temperature of alloys [16,17].
Therefore, higher-alloy contents providing excellent overall performance pose a significant
challenge to subsequent thermal processing.

The stepped solution heat treatment (SSHT) is widely used in superalloys, which can
effectively increase the melting point of inter-dendrites by holding the steel slightly below
the overburning temperature [18]. For this method, a slow heating rate is used as part of
the homogenization [19]. Due to the significant differences between SASSs and common
stainless steels, SASSs have similar characteristics with the superalloys, including: (1) high
alloying contents (>50%) with serious element segregation; (2) the eutectic phase with high
dissolution temperature; (3) the heat treatment window is extremely narrowed. For these
reasons, optimizing the homogenization parameters of SASSs based on the typical SSHT is
possible and has a prospect of application.

Alloying elements can also influence the homogenization efficiency by changing the as-
cast microstructure. For example, alloying modifier can increase crystal defects to accelerate
the atomic diffusion, while the addition of refractory elements with a slow diffusion rate
will greatly increase the homogenization time [17]. Typical refiners in steels are rare
earth elements, which have been confirmed as helpful elements in reducing the second
phase [7,20–22]. The austenite-forming element Mn has also been studied in high-alloyed
steels for reducing the element segregation tendency [7,23]. However, the Mn content in
SASSs is controlled below 3 wt.% mostly, and the application of rare earth elements in
SASSs is still in the initial stage. The effect of Ce and Mn elements on SASSs still needs to
be explored.

In this study, in order to reduce the segregation and the σ phase, based on the 654SMO,
we developed 7Mo SASSs by adding Ce elements and raising Mn elements. Thermo-
dynamic calculations show the dissolution temperature of the σ phase in 7Mo SASSs
over 1270 ◦C, while the remelting temperature is about 1250 ◦C. Therefore, it is very
difficult to dissolve the σ phase completely. To develop a suitable homogenization process—
by adopting ISHT and SSHT, exploring the evolution of the second phase and element
segregations—we find that SSHT can shorten the homogenization time effectively and
optimize the microstructure. The effect of Ce and Mn elements on the homogenization
process was also explored. This study applies the SSHT innovatively to austenitic stainless
steels to provide theoretical guidance for the production and development of 7Mo SASSs.
It also establishes the foundation for the composition optimization of super austenitic
stainless steels.

2. Materials and Methods

The 7Mo SASS ingots were all provided by Taiyuan Iron & Steel Group Co. LTD
of China. Test steels for each composition were smelted in a vacuum induction furnace
(VIM). The smelting process is shown in Figure 1: pouring 15% liquid steel into the VIM,
feeding rare earth wire with full stirring, then pouring the remaining liquid steel and
solidifying. The sampling location is shown in Figure 1d, from the edge to 2/3R of the
center. The chemical composition of 7Mo SASSs in the experiments are shown in Table 1.
The nitrogen content of the samples was determined by oxygen, nitrogen and hydrogen
analyzers (TCH-600). The content of rare earth Ce in the steel was measured by inductively
coupled plasma mass spectrometry (ICP-MS, TQ-ICP-MS)). Other alloying elements in
the steel were detected by inductively coupled plasma emission spectrometry (ICP-OES,
Optima 5300 DV).
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The parameters of the ISHT and SSHT are given in Figure 3. For ISHT, the samples 
were homogenized at 1250 °C and held for 30 h, followed by water quench. For SSHT, the 
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heating at 2 K/min to 1235 °C held for 2 h, then heated at 2 K/min to 1250 °C for 2 h. At 

Figure 1. (a–c) 7Mo super austenitic stainless steel smelting process; (d) Sampling location.

Table 1. Chemical composition of 7Mo SASSs (wt.%).

Cr Mo Ni Mn N Cu Si Ce Fe

6Mn-Ce 25.012 6.771 18.891 5.733 0.459 0.405 0.091 0.024 bal.
6Mn 25.182 6.892 18.819 6.028 0.418 0.412 0.108 0.001 bal.
3Mn 25.321 7.088 19.052 3.124 0.438 0.443 0.113 0.001 bal.

Each of the three samples was cut into 10 mm × 10 mm × 10 mm. The actual ingot
we used is shown in Figure 2a. All homogenization processes were performed in a muffle
furnace (KSL-1400X) with a refractory brick door as shown in Figure 2b. In order to prevent
high-temperature oxidation, the samples were protected by argon gas at high temperature.
To minimize the temperature fluctuation, B-type thermocouples were used to control
the temperature.
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Figure 2. (a) the ingot for the experiment; (b) the muffle furnace (KSL-1400X).

The parameters of the ISHT and SSHT are given in Figure 3. For ISHT, the samples
were homogenized at 1250 ◦C and held for 30 h, followed by water quench. For SSHT,
the samples were heated at 4 K/min to 1200 ◦C with the furnace held for 2 h, followed by
heating at 2 K/min to 1235 ◦C held for 2 h, then heated at 2 K/min to 1250 ◦C for 2 h. At each
stage, the “furnace cooling + water quench” was used to obtain the homogenized samples.

Before observation, samples were polished with 50 #~2000 # sandpaper and mechani-
cally polished with 1.5~2.5 diamond polishing paste. The distribution of the second phase
was observed by field emission scanning electron microscopy (SEM, SM-7001F) with a
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backscattering probe (BSE). As shown in Figure 4, the σ phase in the polished sample ap-
pears bright-white under SEM-BSE, and the morphology of inter-dendrites can be observed
at the same time. X-ray diffraction (XRD, Rigaku TTR3) was used for the identification
of phases with a step of 0.02◦, a scan time of 3 s per step, and a scan angle of 30◦~120◦.
After the homogenization, the grain boundaries were observed and counted by an optical
microscope (OM, Axio Imager M2m). The electrolytic erosion had parameters of 10%
ethanol hydrochloric acid at 7 V for 40 s.
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The electron probe X-ray micro-analyzer (EPMA, model JXA-8530F) was used for
measuring the distribution of elements and the samples were polished after grinding. Since
the dendritic morphology after homogenization is inconspicuous, the element distribution
can be determined using the dot-matrix method by EPMA [24], as shown in the Figure 4.
The homogenized samples were observed at the same magnification as cast samples. A large
number of points were selected within the area, and each point was detached and classified.
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Figure 4. Schematic diagram of component distribution in dot-matrix method: a large number of
points are evenly selected on the sample as shown by the red dots.

Vickers hardness (VTD512) was used to test the hardness of each sample. Before the
test, they were grounded and polished. Twenty points were randomly selected in each
sample center, and the load was set as 500 g and kept for 15 s. Finally, the average value of
the tests were taken.

All thermodynamic calculations in this study were performed using the Thermo-
calc software 2023a with TCFE10 database. DICTRA dynamics calculation was used to
calculate the distribution of elements at the inter-dendrite and the σ/γ phase interface
during homogenization. The database was MOBFE4.

To solve the homogenization problem, the single-phase model was adopted. Because
of the symmetry of the as-cast microstructure, the three-dimensional diffusion process of
alloy was simplified into one dimensional problem by using the plate model. According to
the average size of equiaxed crystal measured by experiments, the minimum diffusion unit
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is taken as 1/2 of the size of equiaxed crystal. Considering the accuracy and efficiency of
the simulation, the diffusion element was divided into 50 nodes. The initial composition
distribution was defined based on the results of the EPMA tests. Finally, the time and
temperature conditions of the simulation homogenization were set.

In order to describe the distribution of elements in the front of the interphase boundary
during the dissolution process, the plate model was used to divide two-phase regions.
The minimum diffusion unit of the σ phase was 5 µm, and the minimum diffusion unit of
austenite was 1/2 length of isometric crystal size of several steels. The initial composition
distribution was defined according to the EPMA results. The σ phase diffusion element
was divided into 10 nodes and the austenitic diffusion element into 50 nodes.

3. Results
3.1. As-Cast Microstructure

Figure 5 shows the microstructures of 6Mn-Ce (Figure 5a), 6Mn (Figure 5b) and 3Mn
(Figure 5c) under SEM-BSE. The second phase appears bright-white in color with a coral-
like morphology distributed at inter-dendrites, showing a typical eutectic morphology
and a high-level element enrichment. The phases were analyzed by XRD as shown in
Figure 5d–f. It can be seen that the as-cast sample consisted of the σ + γ phases, which is
consistent with previous studies [25]. By comparing the XRD pattern of the three steels,
there are multiple crystalline σ phase diffraction peaks in the 6Mn-Ce and 3Mn steels, which
should be caused by the finer austenite dendrites and more dispersed σ phase. Meanwhile,
the (111) peak of austenite in 6Mn-Ce was significantly wider, and this phenomenon is
mainly due to the lattice distortion caused by the increased Mn and Ce content in the steel.
The volume fractions of the σ phase and average grain size were counted in Figure 5g,h.
The volume fractions of the σ phase in 6Mn-Ce, 6Mn and 3Mn steels were 5.9%, 10.5%
and 12.0%, respectively. 6Mn-Ce, 6Mn -0.001Ce and 3Mn had an average isometric crystal
size of 110.2 µm, 124.3 µm and 106.2 µm, respectively. It is obvious that increasing the Ce
content or reducing the Mn content is beneficial for refining the microstructure.
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3.2. Determination of the Heating Temperature

The phase transition temperature is crucial to guiding the heat treatment and thermal
processing. The equilibrium phase diagrams of 6Mn-Ce (black line), 6Mn (red line) and
3Mn (blue line) obtained by the Thermo-calc thermodynamic calculation are shown in
Figure 6. The predicted temperatures are concluded in Table 2. Tσ is the temperature
at which the σ phase dissolved completely. Tδ and TL are the lowest temperatures at
which the δ phase and the liquid appeared, respectively. In both 6Mn-Ce and 6Mn, the
σ phase dissolved at 1267 ◦C, while the δ phase formed at 1268 ◦C and remained stable
until the liquid formed. It can be seen that for 6Mn SASSs with different Ce contents, the
single-austenite region was only 1 ◦C, and the temperature difference between TL and
Tσ was only 59 ◦C. For 3Mn steel, the σ phase was completely dissolved at 1279 ◦C, and
the δ phase appeared at 1285 ◦C until the liquid phase formed, where the single-austenite
temperature range was also only 6 ◦C and the temperature window between TL and Tσ

was 59 ◦C. Therefore, increasing the Mn content narrows the single-austenite region of 7Mo
SASSs, while Ce has little effect on it.
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Table 2. Temperatures of completely dissolved σ phase (Tσ); temperatures at which the δ phase (Tδ)
and the liquid (TL) formed.

Tσ (◦C) Tδ (◦C) TL (◦C)

6Mn-Ce 1267.48 1268.00 1326.21
6Mn 1267.82 1268.30 1326.18
3Mn 1279.10 1285.84 1338.00

The Gulliver-Scheil calculation [26] was further used to predict the melting point
between dendrites based on the EPMA results, and is denoted as TLL in Table 3. As
can be noticed, the maximum temperature for the homogenization of 6Mn steel with
different Ce content should be lower than 1250 ◦C, while the ultimate temperature for
3Mn steel was 1260 ◦C. According to Figure 6, the volume fractions of the σ phase at
1250 ◦C under equilibrium in 6Mn-Ce, 6Mn and 3Mn were 0.206%, 0.199% and 0.0215%,
respectively. A study showed that the corrosion resistance of steels is hardly affected
when the volume fraction of the σ phase is below 0.6% [27]. In order to facilitate the
comparison of the effects of Ce and Mn, 1250 ◦C was chosen as the extreme temperature
for the homogenization process.
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Table 3. Calculation of the liquidus temperature (TLL).

wt.% Cr Mo Mn Ni Fe Ce TLL (◦C)

6Mn-Ce 25.66 6.62 6.42 16.16 42.00 0.02 1250.74
6Mn 25.05 8.55 6.43 17.01 39.69 0.001 1248.30
3Mn 25.94 7.51 3.68 17.84 41.68 0.001 1264.38

3.3. The Process of ISHT and SSHT

Figure 7a–c shows the microstructural evolution of 6Mn-C, 6Mn and 3Mn during the
ISHT. According to the morphological observation, the σ phase in the three steels gradually
transforms from a coral-like shape to a regular shape, and the dendritic morphology also
disappears with the extension of time. After holding for 30 h, the σ phase in the three
steels almost completely dissolved and equiaxed crystals formed. Further analysis of the
microstructure at 1250 ◦C as shown in Figure 7d–f, which contains a large number of
regular-shape holes, appeared at the interface of the σ phase. From Figure 7e, a ring exists
around these holes, which is a typical remelting morphology. Figure 7f shows a remolten
ball with a unique patterned surface in the homogenized sample. The appearance of these
defects indicates that incipient remelting occurred after the ISHT [28].
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The microstructure evolution during SSHT was subsequently observed, as shown in
Figure 8. After the 1st-SSHT, a large number of the σ phase remained in all samples, and
the size of the γ phase inside the coral-like σ phase expanded, as shown in Figure 8a1’–c1’.
Until the completion of the 3rd-SSHT, the σ phase was almost dissolved in 6Mn-Ce and
3Mn steels. Further observation of the 6Mn steel after the 3rd-SSHT without remelting
holes, as shown in Figure 8b3’, indicated that SSHT can effectively alleviate the remelting
of the alloy.
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3.4. Dissolution of σ Phase and Diffusion of Elements during ISHT and SSHT

Quantitative statistics were conducted based on the evolution of the σ phase during
homogenization, as shown in Figure 9. After 7 h of homogenization (ISHT for 7 h, 1st-SSHT
finished), the dissolution rate of the σ phase in 3Mn steels was faster in ISHT, with the
residual σ phase about 2.03%, 4.31% and 5.82% in 6Mn-Ce, 6Mn and 3Mn, respectively;
meanwhile, the residual σ phase in 6Mn-Ce, 6Mn and 3Mn were 3.56%, 4.48% and 4.74%
after SSHT, respectively. After about 9.5 h of homogenization (9.5 h for ISHT and 2nd-
SSHT end), 1.16%, 3.01% and 3.88% of the σ phase in 6Mn-Ce, 6Mn and 3Mn remained
after ISHT, respectively. While after the 2nd-SSHT, 6Mn-Ce, 6Mn and 3Mn remained the
volume fractions of the σ phase of 2.83%, 3.88% and 3.89%, respectively. After 12~13 h of
homogenization (ISHT for 12~13 h, end of 3rd-SSHT), the σ phase in 6Mn-Ce, 6Mn and
3Mn was reduced to 0.51%, 2.23% and 2.89% after ISHT, respectively; and the σ phase in
6Mn-Ce, 6Mn and 3Mn was reduced to 0.26%, 2.40% and 0.55% after SSHT, respectively.
Therefore, during the ISHT, the dissolution rate of the σ phase first accelerated and then
gradually smoothed. While during the SSHT, the dissolution rate was slow at the beginning
and then accelerated by higher temperatures. Since the corrosion resistance was almost
unaffected when the σ phase was below 0.6% [27], both 6Mn-Ce and 3Mn achieved the
homogenization effect under the SSHT.

The elemental distribution during homogenization is illustrated in Figure 10. The red
curve represents elemental change during the ISHT, and the black curve is for the SSHT.
Figure 10a–c is the 6Mn-Ce, 6Mn and 3Mn steels, respectively. The segregation coefficient
is K = KL/KS, where KL is the alloy contents of inter-dendrites and KS is the element
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distribution at the dendrites. In general, the further the K value deviates from 1, the greater
the segregation. When the 0.95 < K < 1.1, the homogenization is basically completed.
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In the ISHT, the K of each element gradually decreased with the extension of time,
and the diffusion rates of Mn, Cr and Mo were faster in the early stage, followed by a
smooth trend. Until 30 h, the K value of Cr, Mo and Mn elements reached K ≤ 1.02 which
means that the homogenization of the three steels had been completed. For the SSHT,
the homogenization rate was relatively slow in the early stage and accelerated when the
temperature rises to 1235 ◦C. After the 3rd-SSHT, the K of all elements of 6Mn-Ce and 3Mn
decreased significantly to K < 1.1, reaching the homogenization standard.

3.5. Hardness of the Homogenized Sample

Figure 11a shows the grain size of 6Mn-Ce, 6Mn and 3Mn after different homoge-
nization processes. After adopting the SSHT, the average austenite grain size of 6Mn-Ce
reduced from 1.21 mm to 1.14 mm; the average austenite grain size of 6Mn reduced from
1.65 mm to 1.45 mm; and 3Mn reduced from 1.32 mm to 1.10 mm. This is mainly due to the
reduction in holding time at the high temperature. The hardness of the three steels after two
homogenization processes was investigated using Vickers hardness, as shown in Figure 11b.
It can be seen that using the SSHT can slightly reduce the microstructure hardness, mainly
because the “furnace cooling + water quench” reduces the thermal stress rather than the
water cooling directly. Due to the amounts of casting defects, such as element segregation
and inclusions, furnace cooling was used to reduce the temperature difference, preventing
the stress distortion caused by inclusions. On the other hand, the solute elements were
fully diffused to avoid internal stress.

The effect of Ce and Mn on the homogenized steels can be noticed according to
Figure 11; increasing the Ce content or decreasing the Mn content can reduce the grain size
and increase the average hardness.
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4. Discussion

By investigating the evolution of the σ phase and element segregation of cast 7Mo
SASSs with different Ce and Mn contents during the ISHT and SSHT, the main conclusions
are as follows: (1) the SSHT process improves the homogenization efficiency of 6Mn-Ce and
3Mn steels and optimizes the homogenized microstructure; (2) increasing the Ce content or
decreasing the Mn content both contribute to a faster homogenization process and improve
the properties of the homogenized microstructure. Therefore, the discussion will be further
developed based on the above points.

Firstly, the advantages of SSHT are discussed. According to Figure 7d, most of the
remelting holes exist at the phase interface. A previous study [29] showed that the dissolved
atoms accumulate at the phase interface because of a fast heating rate, which leads to a
lower liquidus temperature, triggering overburning. Regarding the remelting region as
a semi-solid melting pool, the elements will be segregated at the phase interface as time
prolongs [30,31]. At the same time, the liquidus temperature will be lower than 1250 ◦C,
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according to Table 3, when the atoms accumulate at phase interfaces. Once the overburning
occurs, the σ phase will be formed again from the liquid pool “L + γ + σ” after cooling,
making the σ phase hard to be dissolved at the final stage.

Moreover, DICTRA was used to calculate the elemental changes at the front of the σ

phase interface during the isothermal process, as shown in Figure 12. In the three steels,
enrichment of Cr and Mn elements appears at the front of the interface of the σ phase,
as shown by the arrow in Figure 12. With the extension of holding time, Mn content in
the σ phase decreases, while the Cr element accumulates in the σ phase. For the uphill
diffusion within the eutectic phase, it is considered that due to the chemical composition
of the eutectic phase deviating from the equilibrium, the elements in the phase will be
adjusted spontaneously to lead to the uphill diffusion of alloying elements under long-term
isothermal treatment and reduce the homogenization efficiency [32]. The variation of the
σ phase in the equilibrium composition of 6Mn-Ce steel with temperature is shown in
Figure 12g. In order to ensure the phase stability of the intermetallic compound, the σ

phase was adjusted in proportion to the composition element content before reaching the
melting point. The SSHT can exactly avoid the long-term isothermal process at a certain
temperature and avoid the occurrence of uphill diffusion.

Therefore, for materials with a narrow heat treatment temperature range, the SSHT
is more suitable. The slow heating rate can effectively reduce the temperature fluctuation
of the furnace and increase the diffusion coefficient of the atoms, which accelerates the
diffusion of elements that are produced by the dissolved σ phase [19]. The application
of graded insulation is intended to increase the liquidus temperature step by step. This
method is also verified in CMSX-10 [33], where the graded insulation helps to increase the
liquidus temperature by 25 ◦C.

The effects of Ce and Mn elements on the homogenization process can be obtained
from Figures 7 and 8. According to the slope of the dissolution curve of the σ phase
in 6Mn-Ce, 6Mn and 3Mn, the dissolution rate of the σ phase obeys the relationship
of 6Mn-Ce > 3Mn > 6Mn, which shows the dissolution of the σ phase is accelerated by
increasing the Ce or Mn content. A study denoted that decreasing dendrite spacing
or reducing the initial concentration can both accelerate the diffusion process [34]. The
addition of Ce promotes the formation of rare-earth inclusions in SASSs [3,8]. These
inclusions can refine the dendrites to reduce the second phase, which also can play a
role in pinning grain boundaries at high temperatures to increase the average hardness.
However, excess Mn contents will participate in the formation of Ce-O-Mn inclusions with
little effect on heterogeneous nucleation, resulting in coarse dendrites [7], leading to a
lower dissolution rate. Meanwhile, according to Figure 8, the dissolution rate of Cr and
Mo elements slows down at the initial stage of homogenization when the Mn content is
increased from 3 wt.% to 5 wt.%. According to the previous study, the Mn element has the
effect of promoting the dendritic segregation of Cr and Mo elements, which is the main
reason for the lower dissolution rate.
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5. Conclusions

In this study, the microstructural evolution of 7Mo super austenitic stainless steels
with different Ce and Mn contents during homogenization were investigated, and the effect
of alloy elements and homogenization parameters on the dissolution process were explored
by studying dissolution kinetics and hardness, with the following results:

(1) Increasing the Ce element can refine the cast microstructure and reduce the σ phase
from 10.5% to 5.9%, which speeds up the homogenization process and increases the
average hardness of the homogenized microstructure.

(2) Raising the Mn element promotes severe element segregation and coarse dendrites in
the cast microstructures, which slows down the dissolution rate of atoms. Homoge-
nized grains are also enlarged, with smaller hardness after the Mn contents increase
by 2 wt.%.

(3) The stepped solution heat treatment can make the cast 7Mo SASS meet the homoge-
nization standard efficiently, shorten the homogenization time from 30 h to 12~13 h,
as well as avoid the incipient remelting.
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Innovative Methodology for Physical Modelling of Multi-Pass
Wire Rod Rolling with the Use of a Variable Strain Scheme
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konrad.laber@pcz.pl; Tel.: +48-34-325-07-97

Abstract: This paper presents the results of physical modelling of the process of multi-pass rolling of a
wire rod with controlled, multi-stage cooling. The main goal of this study was to verify the possibility
of using a torsion plastometer, which allows conducting tests on multi-sequence torsion, tensile,
compression and in the so-called complex strain state to physically replicate the actual technological
process. The advantage of the research methodology proposed in this paper in relation to work
published so far, is its ability to replicate the entire deformation cycle while precisely preserving
the temperature of the deformed material during individual stages of the reproduced technological
process and its ability to quickly and accurately determine selected mechanical properties during
a static tensile test. Changes in the most important parameters of the process (strain, strain rate,
temperature, and yield stress) were analyzed for each variant. After physical modelling, the material
was subjected to metallographic and hardness tests. Then, on the basis of mathematical models
and using measurements of the average grain size, chemical composition, and hardness, the yield
strength, ultimate tensile strength, and plasticity reserve were determined. The scope of the tests also
included determining selected mechanical properties during a static tensile test. The obtained results
were verified by comparing to results obtained under industrial conditions. The best variant was a
variant consisting of physically replicating the rolling process in a bar rolling mill as multi-sequence
non-free torsion; the rolling process in an NTM block (no twist mill) as non-free continuous torsion,
with the total strain equal to the actual strain occurring at this stage of the technological process;
and the rolling process in an RSM block (reducing and sizing mill) as tension, while maintaining the
total strain value in this block. The differences between the most important mechanical parameters
determined during a static tensile test of a wire rod under industrial conditions and the material after
physical modelling were 1.5% for yield strength, approximately 6.1% for ultimate tensile strength,
and approximately 4.1% for the relative reduction of the area in the fracture and plasticity reserve.

Keywords: physical modelling; wire rod rolling; variable strain state; hot torsion test; metallographic
tests; mechanical properties; cold upsetting steel

1. Introduction

The wire rod rolling process in modern rolling mills is characterized by high dynamics
with the linear speeds of the rolled band reaching values of 120 m/s or more [1]. Such a high
speed of the rolled band combined with short intervals between individual deformations
results in the processes occurring in the material itself also becoming dynamic. The strain
rate of the material often exceeds the value of 2000 s−1, which significantly hinders the
physical modelling of such dynamic processes with the use of available research apparatus.
Providing a required strain value, strain rate, and temperature during physical modelling
that is similar to those occurring during the actual process ensures the high accuracy of
obtained results [2]. These parameters have a direct impact on the shape and nature of the
changes in the yield stress of the tested material, and thus the shaping of the microstructure
and properties of the finished product [3,4]. In a situation where it is impossible to ensure
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any of the above-mentioned parameters are at the required level, one solution may be to
adopt certain simplification assumptions. During the following stage, it should be verified
whether such assumptions can be applied and how this affects the final result. Using certain
simplifying assumptions depends on, among others, the specificity of the analyzed process
and the tested material [2].

The most commonly used methods for the physical modelling of rolling processes are
the compression test [5–9] and the torsion test [10–14]. These methods, despite the dynamic
development of the laboratory equipment, have some limitations.

Most of the work concerning the physical modelling of the rolling processes published
so far focuses on the assumption that the microstructure and properties of the final product
are mainly determined by the few final passes, and the impact of the earlier stages of
the technological process is less important [15]. As shown by the results of the research
presented, inter alia, in the works [16–21], such a simplification is acceptable. Therefore,
physical modelling studies are usually carried out only for the final stage of the analyzed
technological process, often during compression tests by using the GLEEBLE metallurgical
processes simulator [16–21]. The biggest advantage of this research methodology consists
of the possibility of obtaining large values of strain rate, which significantly affects the
level of yield stress. On the other hand, the biggest disadvantage is the limited value
of the total strain value (about 1.2) and sometimes the limitations in the scope of pre-
cisely controlling the process of accelerated (controlled) cooling, which is important in
the case of modelling processes which include the so-called multi-stage interoperational
cooling. Moreover, after physical modelling, the material often cannot be used to deter-
mine mechanical properties directly during a tensile test, and determining the mechanical
properties takes place indirectly based on measuring the grain size, hardness, and chemical
composition [17,20,21], which is time-consuming and may include some error.

However, during physical modelling of the rolling process during a torsion test using
a torsion plastometer, a limitation may be the low value of the strain rate. Apart from the
standard free or non-free torsion tests, modern torsion plastometers enable testing in the
course of multi-sequence torsion (including alternating), tensile, and compression tests,
and in the so-called complex strain state test (simultaneous torsion with compression or
simultaneous torsion with tensile tests). Furthermore, they enable precise temperature
control during individual stages of the reproduced technological process, and a sole torsion
test allows for much greater deformation values than a compression test.

Most of the works published so far on the physical modelling of real technological pro-
cesses in torsion tests refer to the rolling of sheet metal bars [12,22–25], stepped shafts [26],
or service pipes [10]. Therefore, it is reasonable to conduct research on solving problems
related to the physical modelling of wire rod rolling processes in modern rolling mills,
which are characterized by high linear velocities of the rolled strand with the use of modern
torsion plastometers, enabling testing of the variable strain state.

This paper presents the results of physical modelling of the process of multi-pass
wire rod rolling with controlled, multi-stage cooling. The main objective of the study
was to verify the possibility of using a torsion plastometer, enabling testing with the
use of a variable strain scheme to physically reproduce the technological process of
rolling a wire rod.

The advantage of the research methodology proposed in the paper in reference to the
works published so far is the possibility of reproducing the entire strain cycle (with a total
strain value of 14.32), precisely preserving the temperature value of the deformed material
during individual stages of the reproduced technological process, and the possibility of
quickly and accurately determining selected mechanical properties during a static tensile
test directly from the material after physical modelling.

The tests presented in the paper were carried out on several variants with the use of
the STD 812 torsion plastometer [27], which, in addition to standard free or non-free torsion
tests, allows conducting tests during multi-sequence torsion (also alternating), tensile, and
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compression tests, and also in the so-called complex strain state test (simultaneous torsion
with compression or simultaneous torsion with tensile test).

For each variant, changes in the most important process parameters (strain, strain
rate, temperature, and yield stress) were analyzed in detail. After physical modelling, each
time the material was subjected to metallographic tests at characteristic points in order to
assess the microstructure of the tested steel and the average ferrite grain size. In addition,
Vickers hardness tests were also carried out. Then, based on the available mathematical
models and using the measurements of the average ferrite grain size, chemical composition,
and hardness [28,29], the yield strength, ultimate tensile strength, and plasticity reserve
were determined. The scope of research carried out as part of the work also included
determining selected mechanical properties directly in the static tensile test. The obtained
results were verified under industrial conditions.

Basing on the obtained research results, it has been determined that the best variant is a
variant consisting of physically reproducing the rolling process in a bar rolling mill as multi-
sequence non-free torsion; the rolling process in an NTM block (No-Twist Mill) as non-free
continuous torsion, with the total strain equal to the actual strain occurring at this stage
of the technological process; and the physical modelling of the rolling process in an RSM
block (reducing and sizing mill) as a tension, while maintaining the total strain value in
this block. The differences between the most important mechanical parameters determined
during a wire rod static tensile test under industrial conditions and during tensile tests of
material after physical modelling were 1.5% for the yield strength, approximately 6.1% for
the ultimate tensile strength, and approximately 4.1% for the relative reduction of area at
fracture and the plasticity reserve.

According to the authors, such high accuracy between the research results obtained
under industrial and experimental conditions results mainly from inducing a high level of
yield stress during the final stage of physical modelling of the analyzed process (RSM block),
by changing the deformation state from torsion to tension. The level of yield stress obtained
in such a manner is close to the value of the yield stress occurring in the actual technological
process, which is crucial for activating the microstructure rebuilding processes.

2. Materials and Methods
2.1. Materials

The research presented in the paper was carried out for low-carbon cold upsetting steel
of the 20MnB4 grade, with a chemical composition in accordance with PN-EN 10263-4:2004
(Table 1) [17,21,30].

Table 1. Chemical composition of 20MnB4 steel [17,21,30].

Steel Grade Steel Number Melt Analysis, Mass%

20MnB4 1.5525
C Si Mn Pmax, Smax Cr Cumax B

0.18–0.23 ≤0.30 0.90–1.20 0.025 ≤0.30 0.25 0.0008–0.005

2.2. Methods

Physical modelling tests were carried out for the entire production cycle of rolling a
wire rod with a final diameter of 5.5 mm, for an exemplary combined-type rolling mill (a
combination of a bar rolling mill and a wire rod rolling mill) (Figure 1). The rolling process
in a continuous rolling mill took place over 17 passes, while rolling in a wire rod rolling
mill took place in 2 blocks: a No-Twist Mill (NTM) 10-rolling block, and a reducing and
sizing mill (RSM) 4-rolling block.
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Figure 2. Samples for physical modelling tests: (a) technical specification and (b) general view of 
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Figure 1. General scheme of the analyzed combined-type rolling mill [17]. In order to obtain a finished
product with an even fine-grained ferritic–perlithic microstructure without a clear band structure, the
final stage of deformation should take place in the austenitic range, when its temperature is 30–80 ◦C
higher than the initial temperature of the austenite transformation, Ar3 [31–35]. For 20MnB4 steel,
the Ar3 temperature is 780 ◦C. In the case of low-carbon and low-alloy steels, which are intended for
further cold plastic processing, the most advantageous temperature for forming coils is a temperature
of about 850–900 ◦C. Such a method of laying the coils provides an increased plasticity of the metal,
beneficial for the cold drawing process, and allows a decrease in the recrystallizing annealing time
after the drawing process [32].

However, during tests it is necessary to take into consideration the temperature
increase caused by the deformation of the material in the RSM block with a high strain
rate, which for the tested steel grade was about 50 ◦C. Therefore, during the tests, the
temperature of the rolled band in the RSM block was 850 ◦C. After the rolling process, the
material was cooled in two stages. During the first stage of the controlled cooling process,
the 20MnB4 steel was cooled from the rolling end temperature to 500 ◦C at a cooling rate of
approx. 10 ◦C/s, while during the second stage of cooling, the tested material was cooled
to 200 ◦C at a cooling rate of 1 ◦C/s.

Several different tests were carried out in this paper with the use of the
STD 812 torsion plastometer [27], which, in addition to standard free or non-free tor-
sion tests, allows conducting tests during multi-sequence torsion (also alternating), tensile,
and compression tests, and in the so-called complex strain state test (simultaneous torsion
with compression or simultaneous torsion with tensile test). For the tests, circular samples
with dimensions of diameter, d, of 9 mm and length, l, of 2 mm were used (Figure 2). An
S-type thermocouple (PtRh10-Pt) welded to the side surface of the sample was used to
register and control changes in temperature. The general view of the test chamber and the
main parameters of the device are presented in Figure 3.
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Figure 3. STD 812 torsion plastometer: (a) device chamber: 1—specimen, 2—holders,
3—thermocouples type S, 4—induction solenoid, 5—cooling system jets, 6—pyrometer, 7—sensors
for laser measurement of specimen diameter and (b) basic specification [2,27].

In order to determine the actual strain value, the relation (1) was used, the actual
strain rate was determined based on the relation (2), while the yield stress was calculated
according to the Formula (3) [36,37]:
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where r is the sample radius, L is the sample length, N is the number of sample twists

(revolutions),
•
N is the torsion speed (rpm), and M is the torque.

Research concerning the physical modelling of the wire rod rolling process was carried
out in three variants, differing mainly in the method of applying deformation.

Variant 1 (V1): Physical modelling of the analyzed process in this variant was
carried out during non-free torsion tests, as a cycle of 31 individual deformations at
a certain temperature with specified intervals between successive deformations, and
taking into account multi-stage controlled cooling during the individual stages of the
technological process:

- 17 individual deformations as non-free torsion, representing the rolling process in a continuous
bar rolling mill;

- 10 individual deformations as non-free torsion, representing the rolling process in an NTM
block of a wire rod rolling mill;

- 4 individual deformations as non-free torsion, representing the rolling process in an RSM
block of a wire rod rolling mill.

Variant 2 (V2): The physical modelling of the analyzed process in this variant was
carried out in non-free torsion tests, as a cycle of 19 deformations at a certain temperature
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with specified intervals between following deformation cycles, and taking into account
multi-stage controlled cooling at individual stages of the technological process:

- 17 individual deformations as non-free torsion, representing the rolling process in a continuous
bar rolling mill;

- 1 deformation reproducing the rolling process at an NTM block of a wire rod rolling mill, as
non-free torsion, with a total strain value equal to the actual strain value occurring at this
stage of the technological process;

- 1 deformation reproducing the rolling process at an RSM block of a wire rod rolling mill,
as non-free torsion, with a total strain value equal to the actual strain value occurring
in this block.

Variant 3 (V3): The physical modelling of the analyzed process in this variant was
carried out during non-free torsion and tensile tests, as a cycle of 19 deformations at
a specific temperature with specified intervals between successive deformation cycles,
and taking into account multi-stage controlled cooling during individual stages of the
technological process:

- 17 individual deformations as non-free torsion, representing the rolling process in a continuous
bar rolling mill,

- 1 deformation reproducing the rolling process in an NTM block of a wire rod rolling mill, as
non-free torsion, with a total strain value equal to the actual strain value occurring at this
stage of the technological process and,

- 1 deformation reproducing the rolling process in an RSM block of a wire rod rolling mill, as
tension, while maintaining the total strain value in this block.

The general diagram of thermo-mechanical treatment, reproducing the entire rolling
process of a 20 MnB4 steel wire rod with a diameter of 5.5 mm, is shown in Figure 4.
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Figure 4. General model of thermo-mechanical treatment representing the entire rolling process of a
20MnB4 steel wire rod with a diameter of 5.5 mm.

Before the deformation process, the material was heated to a temperature of
1165 ◦C, corresponding to the temperature in the equalizing zone of a heating furnace
(under industrial conditions). Then, in order to unify the temperature distribution in the
entire sample working zone, the 20MnB4 steel was heated for 300 s. The following stage
consisted of cooling for 30 s to a temperature of 1086 ◦C, replicating the cooling of the band
during its transport from the furnace to the first rolling pass stand. Then, the tested samples
were deformed over 17 cycles with strain parameters in accordance with Table 2, replicating
the rolling process in a continuous rolling mill. The following stage consisted of accelerated
cooling to 851 ◦C, corresponding to the band temperature before the NTM block of a rolling
mill. During the following stage of physical modelling, the rolling process in an NTM
block was reproduced (Table 3). Then, the process of accelerated cooling between NTM
and RSM blocks was modelled, with cooling to a temperature of 845 ◦C, corresponding to
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the band temperature before the RSM block. The next stage of physical modelling consisted
of reproducing the rolling process in an RSM block (Table 3). During the final stage, the
tested steel grade was cooled in a controlled manner to 500 ◦C with an average cooling rate
of about 10 ◦C/s, and then to 200 ◦C with a cooling rate of 1 ◦C/s.

Table 2. Parameters of the deformation process during physical modelling of rolling a round 20MnB4
steel rod in a medium continuous rolling mill, for rolling a 5.5 mm diameter wire rod (research
variants: V1, V2, and V3) [17,21].

Pass Number Temperature,
T (◦C) Strain, ε (-) Strain Rate,

.
ε (s–1)

Yield Stress
(Torsion), σp (MPa)

Break Time After
Deformation, t (s)

1 1086/1084 0.18 0.16 29.3 26.47
2 1057/1056 0.39 0.35 42.9 19.89
3 1037/1035 0.28 0.39 60.5 29.98
4 1023/1022 0.59 0.96 69.9 11.33
5 1010/1008 0.46 1.15 74.9 8.91
6 995/993 0.50 2.02/1.15 79.8 6.13
7 997/996 0.45 2.45/1.15 84.9 11.65
8 1005/1004 0.48 4.71/1.15 72.2 3.35
9 1009/1009 0.44 5.57/1.15 90.0 2.63
10 1022/1022 0.54 10.39/1.15 90.7 1.85
11 1030/1029 0.48 12.07/1.15 93.6 3.09
12 1049/1048 0.50 20.53/1.15 73.5 2.28
13 1052/1049 0.51 24.74/1.15 84.8 3.18
14 1069/1068 0.50 46.34/1.15 69.9 1.35
15 1072/1070 0.41 47.13/1.15 83.0 1.11
16 1087/1080 0.51 79.93/1.15 80.1 0.90
17 1091/1092 0.31 70.63/1.15 78.9 8.52/55.0

Table 3. Parameters of the deformation process during physical modelling of rolling a 20MnB4
steel wire rod with a diameter of 5.5 mm in NTM and RSM blocks of a wire rod rolling mill (test
variant V1) [17,21].

Pass Number Temperature,
T (◦C) Strain, ε (-) Strain Rate,

.
ε (s–1)

Yield Stress
(Torsion), σp (MPa)

Break Time after
Deformation, t (s)

NTM

18 851/849 0.49 156.02/1.15 106.4 0.091/2.0
19 860/860 0.51 171.25/1.15 141.8 0.074/2.0
20 867/866 0.56 276.33/1.15 147.7 0.058/2.0
21 883/883 0.54 303.93/1.15 143.3 0.048/2.0
22 892/890 0.56 477.46/1.15 145.3 0.037/2.0
23 908/908 0.53 584.28/1.15 139.1 0.032/2.0
24 918/918 0.62 991.51/1.15 131.4 0.024/3.0
25 941/942 0.57 1042.10/1.15 106.3 0.020/3.0
26 956/955 0.62 1753.46/1.15 97.40 0.015/3.0
27 982/983 0.56 1809.67/1.15 86.5 0.82/45.0

RSM

28 845/842 0.53 2368.05/1.15 96.0 0.012/3.0
29 873/874 0.48 2275.43/1.15 126.9 0.007/3.0
30 894/893 0.13 1853.11/1.15 111.9 0.004/0.9
31 895/894 0.10 1680.68/1.15 42.0

After physical modelling, changes in the most important parameters of the process
(strain, strain rate, temperature, and yield stress) were analyzed in detail.
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During the second stage of work, samples were cut out from the material for metal-
lographic tests after physical modelling using an EDM 32 wire electro-driller, and then
metallographic microsections (nitrile etching) were prepared (Figure 5).
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Figure 5. Method of sampling for metallographic tests from material after physical modelling:
(a) general view and (b) sample metallographic microsections.

The locations of characteristic points where metallographic analyses and hardness
measurements were carried out are presented in Figure 6 (r = radius).
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Figure 6. Cross-section of the material after physical modelling of the wire rod rolling process
including marked measuring points: (a) general view and (b) distance table.

An assessment of the microstructure of the tested steel was carried out using light
microscopy (Nikon Eclipse MA-200 microscope with NIS-Elements software) [38]. The
average ferrite grain size was determined using the perpendicular secant method [39]. The
hardness tests were carried out using the Vickers method with the use of a Future-Tech
FM-700 microhardness meter (load 1000 gf, time 5 s).

In the following stage, on the basis of available mathematical models and using
measurements of average ferrite grain sizes, chemical composition, and
hardness [28,29], the yield strength (YS), ultimate tensile strength (UTS), and plasticity
reserve were determined.

YS =
HV

0.378
− 123, (4)

UTS =
HV

0.352
+ 70, (5)
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YS = 62.6 + 26(%Mn) + 60(%Si) + 759(%P) + 213(%Cu) + 3286(%N) +
19.7√

Dα
1000

, (6)

UTS = 165 + 54(%Mn) + 100(%Si) + 652(%P) + 473(%Ni) + 635(%C) + 2173(%N) +
11√

Dα
1000

, (7)

where HV is the Vickers hardness; %Mn, %Si, %P, %Cu, %N, %Ni, and %C are the content
in mass percent of manganese, silicon, phosphorus, copper, nitrogen, nickel, and carbon,
respectively, in the steel; and Dα is the ferrite grain size in µm.

The scope of research carried out in terms of the work also included determining
selected mechanical properties directly during the static tensile test using a Zwick Z/100
strength machine [38].

During the final stage of the work, the obtained research results were verified under
industrial conditions.

3. Results and Discussion
3.1. Analysis of the Main Parameters of the Deformation Process

The general course of temperature and plasticizing yield stress during the physical
modelling of the rolling process of 20MnB4 steel round bars in a medium continuous
rolling mill is shown in Figure 7. This stage of physical modelling was the same for all
three variants analyzed in the work.
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Figure 7. General course of temperature (nominal and obtained) and yield stress during physical
modelling of rolling round 20MnB4 steel bars in a medium continuous rolling mill, for rolling a
5.5 mm diameter wire rod (test variants: V1, V2, and V3).

The most important parameters of the deformation process during the physical mod-
elling of rolling of round bars made of 20MnB4 steel in a medium continuous rolling mill,
which have been tested, determined, and verified in previous works [17,21], are presented
in Table 2. The “/” symbol is followed by parameters that can be achieved by the STD
812 torsion plastometer, taking into account its technical parameters mainly inertia.

When analyzing the data presented in Figure 7 and in Table 2, a decrease in the
temperature of the band during the initial stage of the deformation process (deformations
1–7) and a simultaneous increase in the value of the yield stress to 84.9 MPa (for pass No.
7) were determined. This resulted from the long intervals between the deformations and
the low strain rate value. Analyzing the remaining deformations replicating the rolling
process in a continuous rolling mill (No. 8–17), it is possible to notice a gradual increase in
the temperature of the deformed steel, caused, among others, by an increase in the rolling
speed, and thus shorter intervals between subsequent deformations. There is a general
downward trend in the yield stress to a value of 78.9 MPa (pass No. 17). Comparing the
values of the nominal (set) temperature and that obtained during the physical modelling of
the rolling process of 20MnB4 steel in a bar rolling mill, a high accuracy for this analyzed
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parameter was found. The biggest error was between the set temperature value and the
obtained value in pass No. 16, at 0.6%.

Analyzing the data in Table 2, it can be noted that starting from pass No. 6, it was
not possible to maintain the required strain rate value. This was due to the inertia of the
device. The time needed to reach the required strain rate value was about 0.25 s. Using
higher strain rate values than 1.15 s−1, with values of individual deformations of 0.5–0.6,
resulted in exceeding the strain value. According to published data, among others, in the
paper [2], despite a great difference between the desired value of strain rate and the value
achievable by the torsion plastometer, the differences in the values of yield stress did not
exceed 6.3%, which did not have a significant impact on the microstructure and mechanical
properties of the tested material after this stage of the rolling process [2].

The minimum time between deformations achievable by a torsion plastometer was
0.9 s. After the last deformation in the rod rolling mill (No. 17), in accordance with the
industrial conditions, the material was cooled to a temperature of about 851 ◦C, required
before the first deformation in an NTM block of a wire rod rolling mill (Table 3). Accelerated
cooling was carried out using argon supplied by special nozzles to the central part of
the sample area (Figure 3a, in the case of slow cooling rate, the device simultaneously
cools down and heats the tested material to ensure the required temperature value). The
accelerated cooling time was increased from about 8.5 s to about 55 s (cooling over 40 s
and holding 15 s (Table 2)). Increasing this time and holding at a temperature of about 851
◦C was necessary due to the inductive method of heating the samples and the shape of
the inductive exciter itself (Figure 3a). Using a cooling time in accordance with industrial
conditions (approx. 8.5 s) after reaching the required temperature (851 ◦C) and shutting
down the cooling system resulted in a rapid increase in temperature in the middle part of
the samples (Figure 8a). This increase was caused by heat conduction towards the central
part of the samples from areas with a higher temperature. This resulted in the inability to
achieve the required temperature value during the initial stage of the deformation process
in an NTM block. The difference between the nominal temperature value and the desired
value was 4.7% (Figure 8a).
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Figure 8. Example temperature distribution (nominal and obtained) during the initial stage of the
deformation process in an NTM block: (a) accelerated cooling time before the NTM block (8.5 s) and
(b) accelerated cooling time before the NTM block (55 s: accelerated cooling for 40 s and holding
for 15 s).

The general course of temperature and yield stress during the physical modelling of a
20MnB4 steel wire rod rolling process in NTM and RSM blocks of a wire rod rolling mill
for the V1 test variant is shown in Figure 9.
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Figure 9. General course of temperature (nominal and obtained) and yield stress during physical
modelling of rolling a 20MnB4 steel wire rod with a diameter of 5.5 mm (test variant V1): (a) in an
NTM block and (b) in an RSM block.

The most important parameters of the deformation process during the physical mod-
elling of rolling a 20MnB4 steel wire rod with a diameter of 5.5 mm in NTM and RSM
blocks of a wire rod rolling mill according to the V1 test variant are presented in Table 3.
As before, the “/” symbol is followed by parameters that can be achieved by the STD 812
torsion plastometer, taking into account its technical parameters.

Analyzing the temperature changes during the deformation reproducing the rolling
process in an NTM block (No. 18–27), it is possible to observe a continuous increase in
temperature caused mainly by short intervals between successive deformations. Comparing
the nominal (set) and obtained temperature values during the physical modelling of the
20MnB4 steel rolling process in an NTM block, a high accuracy of this analyzed parameter
was found. The biggest error between the set temperature value and the obtained value
occurred for passes No. 18 and 22, at 0.2%.

The course of yield stress during the first five deformation sequences at this stage
of the physical modelling process is somewhat unusual. As the temperature increases,
the yield stress decreases and then slightly increases. This may result from an uneven
temperature distribution after the process of accelerated cooling between the continuous
rolling mill and the NTM block. During subsequent cycles of deformations simulating the
rolling process in an NTM block, the course of yield stress is typical, i.e., as the temperature
of the deformed material increases, the yield stress value of the deformed steel decreases.

The minimum possible time between deformations achieved by the torsion plastometer
was 2 s. After the final deformation in an NTM block (No. 27), in accordance with industrial
conditions, accelerated material cooling to a temperature of about 845 ◦C was required
before the first deformation in an RSM block of a wire rod rolling mill was applied (Table 3).
The accelerated cooling time, similar to the accelerated cooling after a continuous rolling
mill (pass No. 17), was increased from approx. 0.82 s to approx. 45 s (cooling over 30 s and
holding 15 s to ensure the required temperature values in the RSM block).

Analyzing the temperature changes during the deformation reproducing the rolling
process in an RSM block (No. 28–31), it is possible to observe (similar to the case of
deformation in the NTM block) a continuous increase in temperature caused mainly by
short intervals between successive deformations. By comparing the values of the nominal
(set) temperature and that obtained during the physical modelling of the 20MnB4 steel
rolling process in an RSM block, a high accuracy of this analyzed parameter was found. The
largest error between the set temperature value and the obtained value occurred for pass
No. 28 and was 0.4%. Despite an increase in temperature during the first two deformation
sequences (No. 28 and 29), the yield stress increased (Table 3), which may result from an
uneven distribution of temperature after the process of accelerated cooling between the
NTM and RSM blocks. A decrease in the yield stress value was observed for the two final
deformation sequences (No. 30 and 31). This resulted mainly from a small strain value of
about 0.1. The minimum time between deformations achievable by the torsion plastometer
during this stage of physical modelling was 0.9 s.
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The general course of temperature and yield stress during the physical modelling
of 20MnB4 steel wire rod rolling process in NTM and RSM blocks of a wire rod rolling
mill for the V2 test variant is shown in Figure 10. The most important parameters of the
deformation process during the physical modelling of rolling a 20MnB4 steel wire rod with
a diameter of 5.5 mm in NTM and RSM blocks of a wire rod rolling mill according to the V2
test variant are presented in Table 4. As before, the “/” symbol is followed by parameters
that can be achieved by the STD 812 torsion plastometer, taking into account its technical
parameters. In this variant, the sequences of individual passes in NTM and RSM blocks
of a wire rod rolling mill were replaced with individual deformations as non-free torsion,
with a total strain value equal to the actual strain value occurring in these blocks. Such an
assumption was tested during research presented, for example, in works [17,40]. Based on
the obtained results, it was found that replacing the sequence of the four final deformations
with one did not cause a large error in the distribution of yield stress and did not incur
large errors in terms of assessing the structural construction of the samples.

Materials 2023, 16, x FOR PEER REVIEW  12  of  24 
 

 

strain value of about 0.1. The minimum  time between deformations achievable by  the 
torsion plastometer during this stage of physical modelling was 0.9 s. 

The general course of temperature and yield stress during the physical modelling of 
20MnB4 steel wire rod rolling process in NTM and RSM blocks of a wire rod rolling mill 
for the V2 test variant is shown in Figure 10. The most important parameters of the de‐
formation process during the physical modelling of rolling a 20MnB4 steel wire rod with 
a diameter of 5.5 mm in NTM and RSM blocks of a wire rod rolling mill according to the 
V2 test variant are presented in Table 4. As before, the “/” symbol is followed by param‐
eters  that can be achieved by  the STD 812  torsion plastometer,  taking  into account  its 
technical parameters.  In  this variant,  the  sequences  of  individual passes  in NTM  and 
RSM blocks of  a wire  rod  rolling mill were  replaced with  individual deformations as 
non‐free  torsion, with a  total strain value equal  to  the actual strain value occurring  in 
these blocks. Such an assumption was tested during research presented, for example, in 
works [17,40]. Based on the obtained results, it was found that replacing the sequence of 
the  four  final deformations with one did not cause a  large error  in  the distribution of 
yield stress and did not incur large errors in terms of assessing the structural construction 
of the samples. 

 
(a)  (b) 

Figure 10. General course of temperature (nominal and obtained) and yield stress during physical 
modelling of rolling a 20MnB4 steel wire rod with a diameter of 5.5 mm (test variant V2): (a) in an 
NTM block and (b) in an RSM block. 

Table  4. Parameters of  the deformation process during physical modelling of  rolling a 20MnB4 
steel wire rod with a diameter of 5.5 mm in NTM and RSM blocks of a wire rod rolling mill (test 
variant V2) [17,21]. 

Pass 

Number 

Temperature, T 

(°C) 

Strain,    

(‐) 
Strain Rate,     (s–1)  Yield Stress (Tor‐

sion),  p   (MPa) 
Break Time after Deformation, t 

(s) 

NTM 
18  851–982/851–883  5.56  156.02–1809.67/40  222.8  0.82/6.0 

RSM 
19  845–895/853–895  1.24  2368.05–1680.68/10  145.4   

Replacing  the  sequence of  individual deformations  in NTM and RSM blocks of a 
wire rod rolling mill with single deformations with strain values equal to the actual strain 
value occurring  in  these blocks allowed  for  the use of a higher value of  the strain rate 
compared to the test variant V1. In the case of the NTM block, the strain rate was 40 s−1, 
whereas in the case of the RSM block it was 10 s−1. In turn, this had a positive impact in 
that it increased the value of the yield stress. In relation to the V1 test variant, the yield 
stress in the NTM block increased in value to about 223 MPa, while in the case of the RSM 
block,  the yield stress value  increased  to approximately 145 MPa. During  the physical 
modelling of the rolling process in NTM and RSM blocks according to the V2 test variant, 
the increase in temperature  in these blocks was also programmed. Taking into account 
the inductive method of heating the samples and the shape of the inductive exciter itself 

Figure 10. General course of temperature (nominal and obtained) and yield stress during physical
modelling of rolling a 20MnB4 steel wire rod with a diameter of 5.5 mm (test variant V2): (a) in an
NTM block and (b) in an RSM block.

Table 4. Parameters of the deformation process during physical modelling of rolling a 20MnB4 steel
wire rod with a diameter of 5.5 mm in NTM and RSM blocks of a wire rod rolling mill (test variant
V2) [17,21].

Pass Number Temperature,
T (◦C) Strain, ε (-) Strain Rate,

.
ε (s–1)

Yield Stress
(Torsion), σp (MPa)

Break Time after
Deformation, t (s)

NTM

18 851–982/851–883 5.56 156.02–1809.67/40 222.8 0.82/6.0

RSM

19 845–895/853–895 1.24 2368.05–
1680.68/10 145.4

Replacing the sequence of individual deformations in NTM and RSM blocks of a
wire rod rolling mill with single deformations with strain values equal to the actual strain
value occurring in these blocks allowed for the use of a higher value of the strain rate
compared to the test variant V1. In the case of the NTM block, the strain rate was 40 s−1,
whereas in the case of the RSM block it was 10 s−1. In turn, this had a positive impact
in that it increased the value of the yield stress. In relation to the V1 test variant, the
yield stress in the NTM block increased in value to about 223 MPa, while in the case of
the RSM block, the yield stress value increased to approximately 145 MPa. During the
physical modelling of the rolling process in NTM and RSM blocks according to the V2 test
variant, the increase in temperature in these blocks was also programmed. Taking into
account the inductive method of heating the samples and the shape of the inductive exciter
itself (Figure 3a), in order to increase the accuracy between the assumed and the obtained
temperature, in this variant the speed of accelerated cooling was increased between the
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continuous rolling mill and the NTM block as well as between the NTM and RSM blocks,
and the resistance immediately after accelerated cooling was abandoned. This facilitated an
increase in temperature as a result of the rapid thermal conductivity from areas with higher
temperatures towards the central part of the samples. The error between the temperature
assumed after deformation in the NTM block and the temperature obtained during physical
modelling was 10%. In the case of the RSM block, the required temperature increase
was achieved.

The general course of temperature and yield stress during the physical modelling of a
20MnB4 steel wire rod rolling process in NTM and RSM blocks of a wire rod rolling mill
for the test variant V3 is shown in Figure 11.
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Figure 11. General course of temperature (nominal and obtained) and yield stress during physical
modelling of rolling a 20MnB4 steel wire rod with a diameter of 5.5 mm (test variant V3): (a) in an
NTM block (torsion) and (b) in the RSM block (tension).

The most important parameters of the deformation process during the physical mod-
elling of rolling a 20MnB4 steel wire rod with a diameter of 5.5 mm in NTM and RSM
blocks of a wire rod rolling mill according to the V3 test variant are presented in Table 5.
The “/” symbol is followed by the parameters that can be achieved by the STD 812 torsion
plastometer, taking into account its technical parameters.

Table 5. Parameters of the deformation process during physical modelling of rolling a 20MnB4 steel
wire rod with a diameter of 5.5 mm in NTM and RSM blocks of a wire rod rolling mill (test variant
V3) [17,21].

Pass Number Temperature,
T (◦C) Strain, (-) Strain Rate,

.
ε (s–1)

Yield Stress
, σp (MPa)

Break Time after
Deformation, t (s)

NTM (torsion)

18 851–982/856–909 5.56 156.02–1809.67/40 191.0 0.82/6.0

RSM (tension)

19 845–895/858–878 1.24 2368.05–
1680.68/10 503.0

In this variant, the sequences of individual passes in NTM and RSM blocks of a wire
rod rolling mill were replaced by single deformations: one deformation reproducing the
rolling process in an NTM block of a wire rod rolling mill as non-free torsion, with the total
strain value equal to the actual strain value occurring during this stage of the technological
process, and one deformation reproducing the rolling process in an RSM block of a wire
rod rolling mill as tension, while maintaining the total strain value in this block.

Replacing the sequence of individual deformations in NTM and RSM blocks of a wire
rod rolling mill with single deformations with strain values equal to the actual strain value
occurring in these blocks (similar to the case of variant V2) allowed using a higher value
of the strain rate in relation to the V1 test variant. In the case of the NTM block, the strain
rate was 40 s−1, whereas in the case of the RSM block, it was 10 s−1. In turn, this had a
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positive impact in that there was an increase in the value of the yield stress. The yield stress
in the NTM block reached approximately 191 MPa, while in the case of the RSM block, the
yield stress increased to approximately 500 MPa, mainly as a result of changing the strain
state. Similar to the case of the V2 variant, a temperature increase in the NTM and RSM
blocks was also programmed in this variant. In order to increase the accuracy between the
assumed and the obtained temperature, in this variant (similar to variant V2) the speed
of accelerated cooling was increased between the continuous rolling mill and the NTM
block as well as between the NTM and RSM blocks, and the resistance immediately after
accelerated cooling was abandoned. This facilitated an increase in temperature as a result
of the rapid thermal conductivity from areas with higher temperatures towards the central
part of the samples. The error between the temperature assumed after deformation in the
NTM block and the temperature obtained during physical modelling was 7.4%. In the case
of the RSM block, the error between the temperature assumed after deformation and the
temperature obtained during physical modelling was less than 2%.

It was found that the obtained level of yield stress, as a result of replacing the sequence
of individual deformations in NTM and RSM blocks with one deformation and changing
the strain state in the RSM block, is similar to the value of yield stress occurring in the actual
technological process [17], which is crucial for the process of microstructure reconstruction.

The general course of changes in yield stress for all analyzed variants is shown in
Figure 12.
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3.2. Impact of the Used Deformation Process Conditions on the Microstructure of the Tested
Material

Examples of the 20MnB4 steel microstructure after the physical modelling process
according to the V1–V3 variants are shown in Figures 13–15. The results of measuring the
ferrite grain size and the hardness of the tested steel grade are presented in Table 6 and
Figure 16.
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P. 1‐2, (c) point P. 1‐3, (d) point P. 1‐4 and (e) point P. 1‐5. 
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Figure 14. Example microstructures of 20MnB4 steel after physical modelling of a wire rod rolling 
process for test variant V2 (marking of points in accordance with Figure 5): (a) point P. 1, (b) point 
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Figure 13. Example microstructures of 20MnB4 steel after physical modelling of a wire rod rolling
process for test variant V1 (marking of points in accordance with Figure 5): (a) point P. 1, (b) point P.
1-2, (c) point P. 1-3, (d) point P. 1-4 and (e) point P. 1-5.
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Figure 14. Example microstructures of 20MnB4 steel after physical modelling of a wire rod rolling
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Figure 15. Example microstructures of 20MnB4 steel after physical modelling of the wire rod rolling
process for test variant V3 (marking of points in accordance with Figure 5): (a) point P. 1, (b) point P.
1-2, (c) point P. 1-3, (d) point P. 1-4, and (e) point P. 1-5.

Table 6. Results of measurements of ferrite grain size and hardness of 20MnB4 steel after physical
modelling of the rolling process of a 5.5 mm diameter wire rod.

Points
(According to

Figure 6)

Variant V1 Variant V2 Variant V3

Ferrite Grain
Size, Dα (µm) Hardness (HV) Ferrite Grain

Size, Dα (µm) Hardness (HV) Ferrite Grain
Size, Dα (µm) Hardness (HV)

P.1 8.14 179.75 7.31 182.37 8.31 158.30
P. 1-2 6.38 206.83 6.73 203.90 7.31 209.20
P. 1-3 6.27 210.70 6.54 209.17 6.99 211.90
P. 1-4 6.17 212.78 6.27 210.77 6.94 215.30
P. 1-5 5.92 216.33 6.13 213.13 6.64 221.48

P.1 8.14 179.75 7.31 182.37 8.31 158.30
P. 2-2 6.46 208.83 6.95 198.43 7.55 204.20
P. 2-3 6.12 209.17 6.85 205.33 7.29 211.40
P. 2-4 5.97 210.97 6.60 206.40 7.21 212.83
P. 2-5 5.85 214.90 5.70 213.43 6.99 220,65

P.1 8.14 179.75 7.31 182.37 8.31 158.30
P. 3-2 6.00 206.03 7.00 207.23 6.93 205.50
P. 3-3 5.84 211.03 6.25 210.20 6.93 209.77
P. 3-4 5.51 215.13 6.18 210.87 6.19 215.50
P. 3-5 5.48 215.97 6.17 213.00 6.16 221.80

Average value 6.43 205.19 6.62 203.26 7.20 202.30
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Based on the analysis of the test results of 20MnB4 steel after physical modelling of
the rolling process of a wire rod according to the test variant V1, it was found that the Dα

ferrite grain size was between 8.14 and 5.48 µm. The average Dα ferrite grain size was
6.43 µm (Table 6, Figure 16). The hardness of the tested material after physical modelling
according to this variant ranged from 179.75 to 216.33 HV (average value 205.19 HV).

The Dα ferrite grain size for the material after physical modelling in accordance
with variant V2 was in the range of 7.31 to 5.7 µm. The average Dα ferrite grain size
was only slightly larger (comparably) to the value achieved as a result of modelling in
accordance with the V1 variant and was at 6.62 µm (Table 6 and Figure 16). This was due
to an only slightly larger value of the yield stress during the physical modelling of the
deformation process in the RSM block (despite an increase in the yield stress during the
physical modelling of the deformation process in the NTM block in this variant in relation
to the V1 variant, Figure 12). The hardness of the tested steel after physical modelling
according to the technological variant V2 ranged from 182.37 to 213.43 HV (average value
203.26 HV).

Analyzing the test results for variant V3, it was determined that the Dα ferrite grain
size of 20MnB4 steel was in the range of 8.31 to 6.16 µm. The average Dα ferrite grain size
was 7.20 µm (Table 6, Figure 16).

The increase in the average Dα ferrite size resulted mainly from the much higher value
of the yield stress during the physical modelling of the deformation process in the RSM
block, mainly due to the change in strain state from non-free torsion to tension (and the
increase in the strain rate). Moreover, the value of yield stress during the physical modelling
of the deformation process in the NTM block in this variant in relation to the V1 variant was
also higher (Figure 12). After physical modelling according to the technological variant V3,
the hardness of 20MnB4 steel ranged from 158.30 to 221.80 HV, while the average hardness
value was 202.30 HV.

Based on an analysis of the Dα ferrite grain size distribution in a cross-section (along
the radius) (Figure 16), it was determined that the largest Dα ferrite grains occurred along
the axis of the tested samples, while the smallest Dα ferrite grains occurred in subsurface
areas. This is due to the characteristics of the torsion test itself, in which the smallest strain
value occurs in the axis of the material subject to torsion, while the largest strain value
occurs in the subsurface areas. Based on the data presented in Table 6 and Figure 16, it was
determined that there was a simultaneous increase in the hardness of the tested steel along
with a decrease in Dα ferrite grain size.

Analyzing the distribution of Dα ferrite grain size in a cross-section of the samples
(along the radius), it is possible to observe a relatively high homogeneity in size. This
may result from the high value of the total strain value (14.32) and the small length of the
sample’s measured part (2 mm, total torsion angle of about 635◦), whereas by analyzing the
grain size at individual measurement points (Figures 13–15) (in accordance with Figure 6),
it is possible to notice a relatively large heterogeneity and the acicular shape of grains in
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certain areas. This may be due to the relatively high cooling rate after the deformation
process (10 ◦C/s). According to the research results presented in paper [17], the applied
cooling speed is the cooling speed limit for 20MnB4 steel, and if this value is exceeded,
bainitic structures begin to form in the material.

Comparing the ferrite grain size of a wire rod produced in industrial conditions with
the values obtained as a result of our physical modelling, it was found that the best results
were obtained using physical modelling according to variant V3. The average size of the
ferrite grain in the cross-section of the wire rod produced under industrial conditions
was 7.52 µm. However, the average size of the ferrite grain in the longitudinal cross-
section of the finished product was equal to 8.11 µm. The error between the ferrite grain
sizes measured in a wire rod cross-section and obtained as a result of physical modelling
according to the technological variant V3 was 4.3%, whereas the error between the ferrite
grain sizes measured on the longitudinal cross-section of a wire rod and obtained as a
result of physical modelling for this technological variant was 11.2%. On this basis, it can
be concluded that the average ferrite grain size in a wire rod obtained under industrial
conditions is similar to the grain size obtained in samples after physical modelling of the
rolling process according to variant V3.

3.3. The Impact of the Applied Conditions of the Deformation Process on the Selected Mechanical
Properties of the Tested Steel

Table 7 presents the results of research concerning selected mechanical properties of
the material after physical modelling of the rolling process of a 20MnB4 steel wire rod with
a diameter of 5.5 mm calculated using Formulas (4)–(7). These properties were determined
from average hardness values and ferrite grain size. Moreover, this table presents the results
of selected mechanical properties of the material after physical modelling, determined in
the course of a static tensile test. This table also includes the results of selected mechanical
properties of 20MnB4 steel obtained after rolling under industrial conditions. Additionally,
this table also includes the results of tests obtained in previous studies [17,21], which
carried out modelling only in the final stage of the analyzed rolling process (RSM block) in
compression tests, using the GLEEBLE 3800 metallurgical process simulator.

A general view of the 20MnB4 steel samples after physical modelling of the process of
rolling a wire rod during testing mechanical properties in a static tensile test is presented in
Figure 17a. Examples of samples before and after the tests are shown in Figure 17b, while
examples of tensile curves are shown in Figure 17c.
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termined from average hardness values and ferrite grain size. Moreover, this table pre‐
sents the results of selected mechanical properties of the material after physical model‐
ling, determined in the course of a static tensile test. This table also includes the results of 
selected mechanical properties of 20MnB4  steel obtained after  rolling under  industrial 
conditions. Additionally, this table also includes the results of tests obtained in previous 
studies [17,21], which carried out modelling only in the final stage of the analyzed rolling 
process (RSM block) in compression tests, using the GLEEBLE 3800 metallurgical process 
simulator. 

A general view of the 20MnB4 steel samples after physical modelling of the process 
of rolling a wire rod during testing mechanical properties  in a static tensile test  is pre‐
sented in Figure 17a. Examples of samples before and after the tests are shown in Figure 
17b, while examples of tensile curves are shown in Figure 17c. 

Table 7. Measurement results of selected mechanical properties of 20MnB4 steel. 

Research Variant of 

Physical Modelling 

Mechanical Properties 

Calculated Using Formulas: 
Static Tensile Test 

(4)  (5)  (4), (5)    (6)  (7)  (6), (7) 

Yield 

Strength,M

AX‐

IAOYUYS 

(MPa) 

Ultimate 

Tensile 

Strength, 

UTS (MPa) 

YS/UTS 

Yield 

Strength,M

AX‐

IAOYUYS 

(MPa) 

Ultimate 

Tensile 

Strength, 

UTS (MPa) 

YS/UTS 

Yield 

Strength,

MAXIAO

YUYS 

(MPa) 

Ultimate 

Tensile 

Strength, 

UTS 

(MPa) 

YS/UTS 

Relative‐

MAXIAO

YUReduc‐

tion 

MAXIAO

YUof Area 

at Fracture, 

MAXIAO

YUZ (%) 

Variant V1  420  653  0.64  426  566  0.75  429  605  0.71  62.03 
Variant V2  415  648  0.64  422  564  0.75  422  598  0.71  57.49 
Variant V3  412  645  0.64  412  558  0.74  418  591  0.71  66.93 

Physical modelling in 
compression test [17,21] 

401  632  0.63  397  550  0.72         

Industrial research results        412  557  0.74  69.80 
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Figure 17. Sample results from testing the mechanical properties of the material after physical
modelling of rolling a wire rod: (a) general view of a 20MnB4 steel sample after physical modelling,
during determination of mechanical properties in a static tensile test, (b) general view of samples
before and after the test, and (c) sample tensile curves of the tested material after physical modelling.
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Based on an analysis of the results of mechanical properties tests (Table 7), it was
determined that applying the modifications to the physical modelling of the wire rod
rolling process resulted in a decrease in the yield strength and ultimate tensile strength
of the tested steel, regardless of the applied analytical Formulas (4)–(7). This was also
confirmed by the results of static tensile tests. No changes in values were observed with
regard to the plasticity reserve. Due to the small length of the test area of the used samples
(2 mm) and the inability to install an accurate extensometer, the relative elongation was
not tested during the static tensile test. Analyzing the obtained test results concerning
mechanical properties, it was found that the best research variant allowing to obtain a
high correspondence between the mechanical properties determined in industrial research
and for the material after physical modelling is the research variant V3. The differences
between the most important mechanical parameters determined during a static tensile
test of a wire rod under industrial conditions and material after physical modelling were
1.5% for the yield strength, approximately 6.1% for the ultimate tensile strength, and
approximately 4.1% for the relative reduction of area at fracture and plasticity reserve. The
high consistency between the mechanical properties determined in industrial research and
for the material after physical modelling according to variant V3 was also confirmed by the
results of calculations of selected mechanical properties using Equations (4)–(7).

When comparing the obtained results of mechanical properties tests (static tensile test
for variant V3) and those presented in earlier works [17,21] with the results of industrial
research (Table 7), it was found that the lowest accuracy was provided by Equations (4) and
(5). The differences between the analyzed mechanical properties determined using these
formulas and the values obtained in industrial conditions were 2.7% for the yield strength,
approximately 13.5% for the ultimate tensile strength, and approximately 14.9% for the
plasticity reserve. This may be due to the fact that these relations have been developed only
for steel with a specific chemical composition. Moreover, these dependencies are based only
on hardness measurements, which can be burdened with a certain error. A much higher
accuracy was obtained using Equations (6) and (7) and a static tensile test. The differences
between the analyzed mechanical properties determined using formulas (6) and (7) and the
values obtained in industrial conditions were 3.6% for the yield strength, approximately
1.3% for the ultimate tensile strength, and approximately 2.7% for the plasticity reserve. The
differences between the most important mechanical parameters determined during a static
tensile test of a wire rod under industrial conditions and material after physical modelling
were 1.5% for the yield strength, approximately 6.1% for the ultimate tensile strength, and
approximately 4.1% for the relative reduction of area at fracture and plasticity reserve.
Results obtained using these two test methods are comparable. The greater accuracy of
results of mechanical properties tests obtained using Equations (6) and (7) may result from
the fact that these relations take into account the chemical composition of a particular
steel grade and ferrite grain size. An advantage of the research methodology proposed in
this paper in relation to the works published so far is that it can quickly and accurately
determine selected mechanical properties during a static tensile test (considering the results
obtained using Equations (6) and (7)). The static tensile test also makes it possible to
determine the relative reduction of area at fracture Z, which is also an important parameter
when assessing whether the steel can be processed by cold plastic processing.

4. Directions of Further Research

In the future, we have planned to carry out the physical modelling of the analyzed
process with the use of a complex deformation scheme (simultaneous tension and torsion)
during the modelling of the rolling stages in NTM and RSM blocks of a rolling mill. The
purpose of these tests is to create a strong deformation (neck) location in the deformed
samples. Based on the results of many experimental and theoretical studies, it has been
proven that the deformation speed in the neck during a tensile test is higher than the
average speed calculated on the basis of changes in the measurement length of samples [41].
Taking advantage of this phenomenon will result in the obtained deformation speed being
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at a level at which, according to the literature data [32], the plasticizing stress of the tested
material will not show significant changes.

An increase in the deformation speed in the analyzed process should positively affect
the stress and activation of microstructure reconstruction processes and consequently
increase the accuracy of the results of physical modelling (ferrite grain size and mechanical
properties) in relation to the results of industrial tests. However, this will require designing
a new geometry of samples, as the current geometry leads to a deformation location
outside the research area, which disqualifies it for further analysis (Figure 18). The location
of deformation outside the research area is also caused, in the analyzed case, by the
dynamically changing temperature at this stage of the analyzed rolling process (rapid
overheating after accelerated cooling between the NTM and RSM blocks of a rolling mill
and the related inertia of the heat conduction phenomenon) and the geometry of the
induction coil used in the STD 812 torsion plastometer.
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In addition, we have planned to carry out tests of the analyzed process with alternating
torsion and alternating compression and tensile tests.

5. Summary and Conclusions

The speed of implementing the results of theoretical calculations and laboratory scale
tests in industry determines the development and dissemination of new technologies.
Industrial research constitutes the final and very costly part of the implementation process,
costly due to involving significant levels of production, amounts of manpower and mate-
rials, and the consumption of utilities. The costs of implementing new technologies can
be significantly reduced and the process itself can be simplified and accelerated with the
use of modern research methods. Physical modelling of the dynamic wire rod rolling in
modern rolling mills is a complicated issue. This is due to, among others, high deformation
speeds in individual rolling stands and short intervals between successive deformations.
Therefore, during physical modelling of this process, it is necessary to take advantage of
certain simplifications, for example, by replacing the sequence of several deformations
with a single deformation. In the case of the analyzed, dynamic plastic treatment processes,
such a solution is acceptable, as evidenced by the research results published, among others,
in works [17,40].
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Results of the parameters of the deformation process from physical modelling that
are similar to those occurring in actual processes ensures the high accuracy of the obtained
results, and they affect the shape and nature of changes in the plasticizing stress of the
tested material and consequently the microstructure and properties of the finished product.
In this paper, a similar value of plasticizing stress to that occurring in the actual rolling
process [17] was achieved by changing the deformation pattern during the final stage of
physical modelling from non-free torsion to the tension (variant V3). This is crucial for
activating the microstructure reconstruction processes during the controlled cooling process
immediately after the deformation is completed.

On the basis of the results presented in the paper, the following conclusions can
be drawn:

1. The best variant is the V3 variant, which consists of physically replicating the rolling
process in a bar rolling mill as multi-sequence non-free torsion; the rolling process in an
NTM block (No-Twist Mill) as non-free continuous torsion, with the total deformation
equal to the actual deformation occurring during this stage of the technological
process; and the rolling process in an RSM block (reducing and sizing mill) as a
tension, while maintaining the total deformation value in this block;

2. The difference between the ferrite grain size measured in the cross-section of a wire
rod and obtained as a result of physical modelling according to the V3 technological
variant was 4.3%, whereas the error between the ferrite grain sizes measured in the
longitudinal cross-section of a wire rod and obtained as a result of physical modelling
for this technological variant was 11.2%. On this basis, it can be concluded that the
average ferrite grain size in a wire rod obtained under industrial conditions is similar
to the grain size obtained in samples after physical modelling of the rolling process
according to variant V3;

3. The differences between the most important mechanical parameters determined
during a static tensile test of a wire rod under industrial conditions and material
after physical modelling were 1.5% for the yield strength, approximately 6.1% for the
tensile strength, and approximately 4.1% for the constriction and plasticity reserve;

4. The developed research methodology (variant V3) allows for replicating the entire
deformation cycle while precisely preserving the temperature value of the deformed
material during individual stages of the analyzed technological process and allows
for quickly and accurately determining the most important mechanical properties
during a static tensile test;

5. Using a variable deformation scheme increases the research possibilities of modern
torsion plastometers in terms of physical modelling of dynamic thermal and plastic
treatment processes.
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Metalurgii Żelaza (Institute for Ferrous Metallurgy): Gliwice, Poland, 2005.

251



Materials 2023, 16, 578

4. Kajzer, S.; Kozik, R.; Wusatowski, R. Wybrane zagadnienia z procesów obróbki plastycznej metali. In Projektowanie Technologii
(Selected Problems from Metal Forming Processes. Technology Design). Wyd. Politechniki Śląskiej; Publishing House of the Silesian
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Świątkowski, K.R., Ed.; Wydawnictwo Naukowe AKAPIT (AKAPIT Scientific Publishing House): Kraków, Poland, 2006; pp.
519–526. ISBN 83-910159-4-7.
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34. PN-EN 10025; Wyroby Walcowane Na Gorąco Z Niestopowych Stali Konstrukcyjnych. Warunki Techniczne Dostawy (Hot Rrolled
Products of Non-Alloy Constructional Steels. Technical Conditions of Delivery); Polska Norma (Polish Standard). Polski Komitet
Normalizacyjny (Polish Committee for Standardization): Warszawa, Poland, 2002.

35. Paduch, J.; Szulc, W. (Eds.) Kształtowanie nowych jakości oraz racjonalizacja kosztów wytwarzania wyrobów stalowych
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Applied Physics); Wydawnictwo Wydziału Inżynierii Procesowej, Materiałowej i Fizyki Stosowanej Politechniki Częstochowskiej
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Abstract: The extrusion of hollow profiles from hard-deformable AlZnMg alloys by using porthole
dies encounters great technological difficulties in practice. High extrusion force accompanies the
technological process, which is caused by high deformation resistance and high friction resistance in
extrusion conditions. As a result of high thermo-mechanical loads affecting the die, a significant loss
of dimensional accuracy of extruded profiles can be observed. The different projects of porthole dies
for the extrusion of Ø50 × 2 mm tubes from the 7021 alloy were numerically calculated and then tested
in industrial conditions by using a press of 25 MN capacity equipped with a container with a diameter
of 7 inches (for 7021 alloy and 6082 alloy for comparison). New extrusion die 3 with modified bridge
and mandrel geometry and a special radial–convex entry to the die opening was proposed. FEM was
applied to analyse the metal flow during extrusion, geometrical stability of extruded tubes and the die
deflection. The photogrammetric measuring method was used to evaluate dimensional accuracy of
tubes extruded in different conditions and geometrical deviations in porthole dies elements, especially
the bridges and the mandrels. Research revealed a high dimensional accuracy of tubes extruded
from the 6082 alloy and from the 7021 alloy by using original extrusion die 3, while much higher
dimensional deviations were noted for tubes extruded from the 7021 alloy by using extrusion dies 1
and 2, particularly in relation to the circularity, centricity and wall thickness.

Keywords: AlZnMg alloys; extrusion; porthole dies; metal flow; die deflection; extrudates
dimensional accuracy

1. Introduction

The hollow extruded profiles from 7000 series aluminium alloys are currently used
in a wide application of the construction of various means of transportation, including
important automotive systems. Therefore, the profiles must fulfil high quality expectations,
in particular, concerning dimensional accuracy. The extrusion of aluminium alloys becomes
more difficult as its strength is increased. The 7000 series alloys not containing copper
are easier to extrude compared to, e.g., high strength 7075 alloys, but the extrusion force
is high, which is what implicates various dimensional defects in the extruded profiles.
Additional difficulties are connected with a high friction at the tool surface, which produces
non uniform metal flow from the die cavity. The extrusion parameters and the porthole die
design can also have an impact on the extrudate geometry. The complex set of reasons of
the geometrical defects in extrudate comprises the result from the unsuitable design of the
porthole die and parameters of the whole production line, including extrusion process, heat
treatment on the run-out table and stretching. In turn, the production parameters cover
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types of alloy, extrusion force, billet temperature, extrusion speed, rate of cooling in the
quenching tunnel and force of stretching.

The most important tolerance measures are as follows: wall thickness, circularity and
eccentricity, convexity and concavity of the walls, angularity, straightness, bow and twist
along the profile. The direct reasons for the loss of profile dimensional accuracy are as
follows: elastic deflection of die, including deflection of mandrels; non-uniform metal flow
within the die cavity; imperfect design of the welding chamber and bearings; die wear;
non-uniform temperature distribution within the billet; too high a cooling rate within the
quenching tunnel; and sometimes excessive plastic deformation during stretching. When
designing the extrusion process, one should take account of the fact that tighter tolerances
will push up the cost and make the production longer.

When a new profile is produced, trials and corrections of the die are necessary in order
to fulfil required geometrical tolerances, as well as to achieve the compromise between
effectiveness, surface quality and die life. Therefore, that finite element simulation (FEM) is
a useful tool for analysing the relation between the process parameters, the tool design and
the profile quality.

Many researchers analysed the influence of the porthole die geometry on die deflec-
tion and the resulting geometrical quality of the extruded aluminium profiles [1–5]. Pinter
et al. [1] analysed the influence of process parameters (ram speed, billet length and alloy)
on the achieved die deformation after a determined extruded amount in the case of 6005A
alloys. The authors have found that the mandrel deflection, which influences profile geom-
etry, rises as the amount of extruded alloys increases. In the study [2], the mandrel fracture
behaviour was examined through investigating the elastic deformation of the mandrel
during the extrusion using FE analysis. After optimisation with the use of HyperXtrude
13.0 software, the desired die geometry giving proper material flow at the die exit and
small mandrel deflection were obtained [3]. Xue et al. [4] applied different modifications of
the porthole die, including two-step welding chamber to obtain uniform metal flow. An
original system for the monitoring of the tool deflection, of the tool temperature and at
the die bearings, as well as the pressure in the die opening, were developed and tested
within [5]. The numerical simulation was applied to find the optimal die design and a
proper metal flow, guaranteeing the good geometry of the product [6–8]. Guan et al. [9]
analysed the design of a multihole extrusion die and investigated the effects of the layout of
holes on the extrusion process. HyperXtrude program was used to process simulation and
the die with three portholes was the optimum one, where the uniform velocity distribution,
maximum welding pressure, minimum required extrusion load, and minimum die stress
were obtained.

The influence of die deformation on the speed, temperature distribution and distortion
of the two profiles from AA6082 alloy is reported and analysed in [10]. As a consequence
of the die deflection, a bended profile with a large curvature radius was produced.

Refs. [11,12] reported that to obtain a uniform metal flow at the die exit, the porthole
die was optimized by adding baffle plates on the die insert. After optimization, the concave
defects on the profile were remarkably limited. Various modifications in the porthole die
design were proposed by Xue et al. [4] to improve the homogeneity of metal flow from the
die, giving a relative high product accuracy for a complex section from the 6060 alloy.

Hsu et al. [13] studied the varying of the welding chamber geometry and bearing
length to obtain a uniform material flow. Finite element analysis and Taguchi method were
used to obtain a better porthole die design for the extrusion of the 7075 alloy. Different
welding chamber geometry and different length of die bearing caused metal flow to be
more uniform.

Incidentally, it is worth noting that the AlZnMgCu alloys are very difficult as far
as the dimensional accuracy is considered because of both the high extrusion force and
deformation resistance leading to large die deflection and non-uniform metal flow. The
large distortion of the rectangular hollow profile from the 6061 alloy was observed as a
result of the non-uniform exit velocity [14]. To decrease this phenomenon, the second
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welding-chamber was applied and the bearing length and baffle block were modified in
profile extrusion. In [15], the extrusion process of a large, aluminium profile for high-
speed train was simulated to obtain uniform metal flow. Modifications to the porthole die,
including shape of mandrels and length of the bearings, were proposed, which influenced
the metal flow effectively. The baffle plates were applied in the welding chamber to
balance the material flow velocity in the die cavity during the extrusion of the profile [16].
Through a series of modifications, the velocity difference in the cross-section of the profile
decreased significantly. The exit velocity distribution of the profile was investigated by
Chen et al. [17] by using the effects of eccentricity, the shape of the welding chamber, and
uneven bearing length.

The study [18] presented 3D FEM simulations aimed at die design and process optimi-
sation for the 7075 alloy with large differences in wall thickness. The influence of bearing
length and extrusion speed on profile temperature and extrusion pressure were analysed.
A longer bearing leads to a greater dimensional accuracy of the profile. In the work [19], the
porthole die for the extrusion of a solid heatsink profile with high wall thickness variation
was designed using finite element (FE) simulations. The structure of the die elements effec-
tively influenced the flow behaviour of the metal. In consequence, the proposed solution
can be implemented in industrial practice. The paper [20] presented the 3D FE simulation
of the extrusion processes of the 7003 alloy through the porthole dies in different process
variables, including billet temperature, bearing length, tube thickness and extrusion ratio.
The products surface was also examined. In the work [21], the effects of the length and
geometry of die land on curved profiles produced by a novel process, differential velocity
sideways extrusion (DVSE), were studied through physical experiments and FEM.

In this work, the influence of different porthole die design on the metal flow during
extrusion and on the dimensional accuracy of round tubes of Ø50 × 2 mm from the 6082
and 7021 alloys was investigated. The die deflection was experimentally measured for
different design solutions to investigate the effect of the die deflection on the material
flow. FEM simulation was applied in the design of the porthole dies and to predict the
metal flow and the die deflection. The photogrammetric measuring method was used
to evaluate the dimensional accuracy of tubes extruded in different conditions and the
geometrical deviation of porthole dies, especially the bridges and the mandrels. The
statistical correlation method was used to determine the influence of the technological
parameters of the extrusion process on the dimensional accuracy of profiles. The ANOVA
analysis was applied for extrusion dies.

2. Materials and Methods
2.1. Characteristics of AlMgSi and AlZnMg Alloys

The billets of 178 mm in diameter, of which chemical compositions are presented in
Table 1 (6082 alloy) and Table 2 (7021 alloy), were DC cast in semi-industrial conditions. In
the case of 7021 alloy, the low-melting microstructure components were dissolved during
homogenization to a degree that was sufficient in practice—no incipient melting peaks on
the DSC curves were observed (Figure 1). As a result, the significant increase in solidus
temperature was obtained for 7021 alloy after homogenisation—572.1 ◦C with regard to
the temperature of as-cast alloy at the level of 478.1 ◦C (Table 3).

Table 1. Chemical composition of 6082 alloy in mass percentage.

Alloy Denotation Si Fe Cu Mg Cr Zn Ti Zr

6082 1.3 0.21 0.03 0.59 0.00 0.4 0.2 0.1

Table 2. Chemical composition of 7021 alloy in mass percentage.

Alloy Denotation Si Fe Cu Mg Cr Zn Ti Zr

7021 0.08 0.21 0.00 2.12 0.00 5.47 0.01 0.15
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of tools and billet using CAD Solid Works program. The geometry of the porthole die has 
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extrusion process, which, in turn, relates to minimisation of extrusion force, elastic deflec-
tion of the die, improvement in metal flow, dimensional accuracy of the profile and max-
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Table 3. DSC test results of homogenized 7021 alloy [22].

Alloy Solidus Temperature, ◦C Incipient Melting Heat, J/g

7021 alloy 572.1 0.29

2.2. FEM Numerical Modeling of Extrusion Process

The QForm-Extrusion software and specially prepared material model were used
to analyse the extrusion process of tubes of Ø50 × 2 mm from aluminium alloy grade
7021 (AlZnMg) using porthole dies of various geometry. Combined Lagrangian–Eulerian
approach is the method that is used in QForm-Extrusion in order to describe the deformed
material motion. This approach combines two basic formulations, taking advantages of
both of them—from the Eulerian: adapted stationary mesh that allows improving the
accuracy of metal flow prediction significantly and reduces simulation time, and from
the Lagrangian: dynamically movable mesh to animate the profile flow after the bearing
exit. These features, consolidated by coupled thermal and mechanical tasks available in
the software, allow the obtaining of a precise distribution of the profile velocities that,
in turn, means the accurate prediction of parameters defining dimensional accuracy of
the extrudates.

The first step in the numerical modelling FEM was preparation of proper 3D models
of tools and billet using CAD Solid Works program. The geometry of the porthole die
has a crucial importance from the point of view of minimum deformation resistance in
the extrusion process, which, in turn, relates to minimisation of extrusion force, elastic
deflection of the die, improvement in metal flow, dimensional accuracy of the profile and
maximisation of the exit speed.

Three different solutions of 2-hole die geometry were taken to calculation—the die
with maximum opening of the inlet channels (die 1), conventional porthole die for 6xxx
alloys based on the local 3-armed bridges (die 2) and die 3, which is a modified version of
die 2. The geometry of die 2 was taken from extrusion industry practice for 6082 alloy. The
final design of extrusion die 3 was developed based on gradual optimization of different
die geometry using FEM numerical simulations based on three assumed criteria. The first
criterion defined a maximum force not exceeding 25 MN. The second optimization factor
minimized the elastic deflection of the die during the process, not exceeding 0.5 mm. The
third criterion included ensuring an even outflow of metal from the die bearing, so the
velocity deviation did not exceed ±20% of the average value. In total, almost 100 numerical
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FEM simulations were carried out analysing the influence of portholes, webs, cores, welding
chambers, pockets and bearing geometry to determine the final specific die geometry.

The massive bridges were assumed for die 1 and adapted for hard 7xxx alloys; the
thickness of bridges for die 3 was increased by 4 mm, whereas their length was increased
by 40 mm in relation to die 2. In addition, a radial and convex entry to cavity of die 3 was
added. The thickness of bridges was equal to 28, 16 and 20 mm for die 1, die 2 and die
3, respectively; length of bridges was 70, 55 and 95 mm, whereas height of the welding
chambers was 25, 30 and 27 mm. The maximal broad inlet channels, shaped pockets,
bearings of varied length and proper geometry of the central baffle and mandrels were
adapted for die 3. The 3D models of the porthole dies discussed and the view from the
bottom are presented in Figure 2a,b.
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Figure 2. The 3D CAD models of different porthole dies for extrusion of tubes of Ø50 × 2 mm from
7021 alloy: (a) in the cross-sectional view and (b) in the bottom view—with the bridge dimensions
marked (height and thickness).

The second step of the FEM modelling was preparation and implementation of the ma-
terial model for the alloy 7021, which after approximation was expressed by the constitutive
equation of Hansel–Spittel (Equation (1)). The starting point was the plastometric compres-
sion tests with the use of Gleeble 3800 simulator (Dynamic Systems Inc., Poestenkill, NY,
USA), which allowed for determining stress–true strain equation, dependent on tempera-
ture and strain rate (Figure 3).

σ = 1090e−0.0675T ·T0.056·ε−0.055·e−0.015
ε ·(1 + ε)0.019T ·e−0.026ε· .

ε
0.21· .

ε
−0.00019T (1)

where σ—plastic stress, ε—plastic strain,
.
ε—strain rate, T—temperature of deformation.

258



Materials 2023, 16, 556

Materials 2023, 16, x FOR PEER REVIEW 6 of 25 
 

 

 𝜎 = 1090𝑒ି଴.଴଺଻ହ் ∙ 𝑇଴.଴ହ଺ ∙ 𝜀ି଴.଴ହହ ∙ 𝑒షబ.బభఱഄ ∙ (1 + 𝜀)଴.଴ଵଽ் ∙ 𝑒ି଴.଴ଶ଺ఌ ∙ 𝜀ሶ଴.ଶଵ ∙ 𝜀ሶି଴.଴଴଴ଵଽ் (1)

where 𝜎—plastic stress, 𝜀—plastic strain, 𝜀ሶ—strain rate, 𝑇—temperature of defor-
mation. 

 
Figure 3. The geometrical model of extruded material with mesh elements a) and determined ma-
terial model for FEM calculations—dependence of flow stress vs. logarithmic strain for different 
strain rates for alloy 7021 b): blue colour for 0.05 1/s, red colour for 0.5 1/s and green colour for 5 1/s. 

The third step of the FEM modelling was defining of boundary conditions. Friction 
model used in QForm allowed for taking into account the adhesion effect between alu-
minium and steel. The constant shear friction law is adapted everywhere between work-
piece and tool materials, except in bearings where the contact pressure is relatively low. 
The friction on the bearings was calculated based on the phenomenological model that 
includes a number of parameters, such as resulting bearings angle, pressure, etc. This ap-
proach allowed us to obtain the realistic behaviour of the metal in simulation with three 
possible zones: sticking, sliding, and separation zone. All the defined extrusion process 
parameters are presented in Table 4. 

Table 4. All the defined parameters of the FEM modelled extrusion process of tubes of Ø50 × 2 mm 
from 7021 alloy. 

Alloy 7021 
Billet dimensions Ø178 × 800 mm 
Billet temperature 480, 500, 510, 520 °C 

Container/Die temperature 450 °C 
Extrusion ratio 42 
Stem velocity 1.5–4 mm/s 

Metal exit speed 2.5–10 m/min 
Friction coefficient 1 

2.3. Extrusion Trials of Round Tubes 
The extrusion trials for the round tube of Ø50 × 2 mm from the 7021 alloy with the 

use of the discussed porthole dies were performed on the hydraulic direct press of 25 MN 
capacity and equipped with container of 7″ in diameter. 

The conditions of the trials were identical to those in the numerical simulation for 
different billet heating temperature and extrusion speed. In the case of extrusion through 
die 3, the trials were performed for billet temperature of 480 °C and ram speed of 1.5 mm/s 
as a result of the experiences gained during previous extrusion with dies 1 and 2, which 
were also tested with higher extrusion speeds and higher billet temperatures. The run-out 
table of the press with the cooling system and the tested porthole dies of two holes are 

Figure 3. The geometrical model of extruded material with mesh elements (a) and determined material
model for FEM calculations—dependence of flow stress vs. logarithmic strain for different strain rates
for alloy 7021 (b): blue colour for 0.05 1/s, red colour for 0.5 1/s and green colour for 5 1/s.

The third step of the FEM modelling was defining of boundary conditions. Fric-
tion model used in QForm allowed for taking into account the adhesion effect between
aluminium and steel. The constant shear friction law is adapted everywhere between
workpiece and tool materials, except in bearings where the contact pressure is relatively
low. The friction on the bearings was calculated based on the phenomenological model
that includes a number of parameters, such as resulting bearings angle, pressure, etc. This
approach allowed us to obtain the realistic behaviour of the metal in simulation with three
possible zones: sticking, sliding, and separation zone. All the defined extrusion process
parameters are presented in Table 4.

Table 4. All the defined parameters of the FEM modelled extrusion process of tubes of Ø50 × 2 mm
from 7021 alloy.

Alloy 7021
Billet dimensions Ø178 × 800 mm
Billet temperature 480, 500, 510, 520 ◦C

Container/Die temperature 450 ◦C
Extrusion ratio 42
Stem velocity 1.5–4 mm/s

Metal exit speed 2.5–10 m/min
Friction coefficient 1

2.3. Extrusion Trials of Round Tubes

The extrusion trials for the round tube of Ø50 × 2 mm from the 7021 alloy with the
use of the discussed porthole dies were performed on the hydraulic direct press of 25 MN
capacity and equipped with container of 7” in diameter.

The conditions of the trials were identical to those in the numerical simulation for
different billet heating temperature and extrusion speed. In the case of extrusion through
die 3, the trials were performed for billet temperature of 480 ◦C and ram speed of 1.5 mm/s
as a result of the experiences gained during previous extrusion with dies 1 and 2, which
were also tested with higher extrusion speeds and higher billet temperatures. The run-out
table of the press with the cooling system and the tested porthole dies of two holes are
shown in Figure 4. Extruded tubes were next submitted to stretching with the true strain
equal to 0.5%.
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Figure 4. The 25 MN 7 inch extrusion press run-out table (a) and different extrusion porthole dies:
extrusion die 1 (b), extrusion die 2 (c) and extrusion die 3 (d)—designed for 2-hole extrusion tests of
tubes of Ø50 × 2 mm from 7021 alloy in industrial conditions.

During the trials, the following process parameters were recorded: ram speed, exit
speed, extrusion pressure and profile temperature with the use of the data acquisition system.

The surface quality was inspected on-line with respect of cracking or tarnish. The
maximal extrusion speed was recorded when cracking on profile surface began. The
samples taken from the tubes extruded with different process conditions were submitted
to optical scanning to check their dimensional accuracy. Similar optical scanning was
performed on the used dies and their dimensions were compared with these for new ones.

2.4. 3D Optical Scanning of Extruded Tubes and Dies

The scanner GOM Atos Core 200 (Lenso, Poznań, Poland) (Figure 5a) was used for
scanning of the extruded elements on the inner and outer surface of the samples to measure
diameters of the tubes, deviations from circularity and wall thickness. The surface was
cleaned off from the impurities before scanning. The coloured map of deviations was also
obtained on the basis of the CAD model and scanned element.
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Figure 5. The scanner GOM Atos Core 200 for optical measuring the geometry of extruded tubes and
dies (a) and the scanned extrusion porthole die (b).

The first step of the dies measurements included gathering coordinates of all the
selected points on the samples’ surface. Next, the detailed scanning from the different
perspectives was realized to digitalize the whole available surface. Due to complicated
shape of the dies, the process needed about 75 scans from each side. The surfaces of bridges,
mandrels and bearing lands were inspected, in particular. The coloured maps of deviations
allowed indications of the regions evidently subjected to wearing.
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2.5. Statistical Analysis of Results for Extruded Tubes and Extrusion Dies

The analysis of the results was performed with the use of Gom Inspect program, and
the deviations from the nominal geometry were generated. The deviations concerned
diameters, ovality, eccentricity, wall thickness and surface quality of the extruded tubes.
The results were analysed and the statistical correlations was obtained using Origin Lab
code. The correlation determined interactions between selected variables but did not
explain the reasons or the method of their origination. A positive correlation (correlation
coefficient from 0 to 1) suggested that as one feature rose, the mean values of the second
increased too. A negative correlation (correlation coefficient from −1 to 0) indicated the
opposite dependence. The power of correlation is defined in the following way: 0.2 poor
correlation; 0.2 ÷ 0.4 low correlation (distinct dependence); 0.4 ÷ 0.6 moderate correlation
(key dependence); 0.6 ÷ 0.8 high correlation (significant dependence); 0.8 ÷ 0.9 very high
correlation (very high dependence); 0.9 ÷ 1.0 full dependence. In the case of dies, the
results were converted to ANOVA statistics.

3. Results
3.1. FEM Numerical Calculations

Figure 6 presents the distributions of metal particles velocity during the extrusion of
tubes. The metal flows from the inlet channels of the porthole die via welding chambers up
to die opening—for design of die 1 (Figure 6a, on the left), die 2 (Figure 6b in the middle)
and die 3 (Figure 6c, on the right). Some non-uniformity of metal flow while extruding
through die 1 (Figure 6a) can be observed, which manifests itself by the diversification of
particles velocity in the die cavity on the tube perimeter. In the outside regions of the die
opening, the particles velocity is as high as 35.6 mm/s and is lower by about 31% in relation
to the mean value, whereas in the inside regions of the die cavity (and simultaneously
close to the central axis of extrusion) it is 53.8 mm/s and is higher by about 16% in relation
to the mean value. Some lower values of the particles velocity were observed for die 2,
equipped with two local three-dorsal bridges; however, such die design, based on three
points feeding of the die opening, provided more uniform distribution of metal particles
on the perimeter of the extruded tube in comparison to die 1 (Figure 6b). In the outside
region of the die cavity, the particles velocity is as high as 45.1 mm/s (in case of die 1 was
35.6 mm/s) and is only around 5% lower than the mean values, whereas in the inside
regions of the die cavity it is 47.5 mm/s and is higher by about 4% in relation to the mean
value. The highest and the most uniform metal exit speed was observed in the case of die 3
(Figure 6c). The average metal exit speed for die 3 is about 25% higher compared to that
of die 2, as a result of applying the radial and convex entry to the die cavity and original
geometry of a central baffle wall regulating the metal flow.
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Figure 7 presents the distribution of temperature of the metal during extrusion for the
design 1 of die (Figure 7a—on the left), design 2 (Figure 7b—in the middle) and design 3
(Figure 7c—on the right). The higher values of metal temperature of about 9–10 ◦C were
predicted in the case of die 1 and die 3 (516.1 ◦C and 514.1 ◦C, in relation to 505.2 ◦C). The
reason for this can be because of the existence of some higher mean velocities of particles
and the higher extent of plastic deformation and its conversion into heat.
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Figure 7. Distribution of metal temperature during extrusion of tubes of Ø50 × 2 mm from 7021
aluminium alloy through porthole dies of different geometry—die 1 (a), die 2 (b) and die 3 (c).

Figure 8 presents the distribution of means for the design of die 1 (Figure 8a—on the
left), die 2 (Figure 8b—in the middle) and die 3 (Figure 8c—on the right). More beneficial
states of stress occur for die 2 and die 3; whereas on the whole perimeter of the die land, the
compression pressures are observed, favourable for the deformability of the material and
the averages. For die 2, compressive stresses are higher in comparison to die 1 (maximum
value of the compression pressure is 40.9 MPa in relation to 25.1 MPa). The most uniform
compressive stresses in the die orifice on the extrudate perimeter are observed for die 3. In
the case of die 2, within the inside region of the tube (die land of the die opening), positive
values of pressure appear at the level of 12.1 MPa, which, in practice, can limit the exit
velocity from the die opening.

Materials 2023, 16, x FOR PEER REVIEW 9 of 25 
 

 

Figure 6. Distribution of metal velocity during extrusion of tubes of Ø50 × 2 mm from 7021 alumin-
ium alloy through porthole dies of different geometry—die 1 a), die 2 b) and die 3 c). 

Figure 7 presents the distribution of temperature of the metal during extrusion for 
the design 1 of die (Figure 7a—on the left), design 2 (Figure 7b—in the middle) and design 
3 (Figure 7c—on the right). The higher values of metal temperature of about 9–10 °C were 
predicted in the case of die 1 and die 3 (516.1 °C and 514.1 °C, in relation to 505.2 °C). The 
reason for this can be because of the existence of some higher mean velocities of particles 
and the higher extent of plastic deformation and its conversion into heat. 

 
Figure 7. Distribution of metal temperature during extrusion of tubes of Ø50 × 2 mm from 7021 
aluminium alloy through porthole dies of different geometry—die 1 a), die 2 b) and die 3 c). 

Figure 8 presents the distribution of means for the design of die 1 (Figure 8a—on the 
left), die 2 (Figure 8b—in the middle) and die 3 (Figure 8c—on the right). More beneficial 
states of stress occur for die 2 and die 3; whereas on the whole perimeter of the die land, 
the compression pressures are observed, favourable for the deformability of the material 
and the averages. For die 2, compressive stresses are higher in comparison to die 1 (max-
imum value of the compression pressure is 40.9 MPa in relation to 25.1 MPa). The most 
uniform compressive stresses in the die orifice on the extrudate perimeter are observed 
for die 3. In the case of die 2, within the inside region of the tube (die land of the die 
opening), positive values of pressure appear at the level of 12.1 MPa, which, in practice, 
can limit the exit velocity from the die opening. 

 
Figure 8. Distribution of mean stress during extrusion of tubes of Ø50 × 2 mm from 7021 aluminium 
alloy through porthole dies of different geometry—die 1 a), die 2 b) and die 3 c). 

Figure 9 presents the distribution of elastic deflection of the porthole die in the Z 
direction, particularly within the regions of the mandrel and the die land for all the die 

Figure 8. Distribution of mean stress during extrusion of tubes of Ø50 × 2 mm from 7021 aluminium
alloy through porthole dies of different geometry—die 1 (a), die 2 (b) and die 3 (c).

Figure 9 presents the distribution of elastic deflection of the porthole die in the Z
direction, particularly within the regions of the mandrel and the die land for all the die
geometrical solutions. Coloured maps indicate that the highest dimensional deviations of
the mandrel were made in the case of die 2, where an elastic deflection of 0.66 ÷ 0.80 mm
was predicted within the area of the die land. In the corresponding area for die 1, the
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mandrel deflection was much lower and kept itself within the range 0.51 ÷ 0.55 mm. The
lowest mandrel deflection of 0.37 ÷ 0.48 mm was predicted for die 3, depending on the
mandrel position.
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Figure 9. Distribution of die deflection during extrusion of tubes of Ø50 × 2 mm from 7021 aluminium
alloy through porthole dies of different geometry—global view of mandrels (a) and local view of
chosen part of mandrel (b).

The detailed data concerning the metal exit speed in the die cavity on the profile
perimeter and elastic deflection in different regions of the mandrel for the all analysed dies
are presented in Figure 10. Based on the calculations, it can be concluded that porthole die
3 is the most advantageous and guarantees the highest and most uniform metal exit speed
and the lowest elastic deformation of the mandrels in the extrusion direction. This allows
the forecasting of the smallest dimensional deviations of extruded tubes for die 3.

Materials 2023, 16, x FOR PEER REVIEW 10 of 25 
 

 

geometrical solutions. Coloured maps indicate that the highest dimensional deviations of 
the mandrel were made in the case of die 2, where an elastic deflection of 0.66 ÷ 0.80 mm 
was predicted within the area of the die land. In the corresponding area for die 1, the 
mandrel deflection was much lower and kept itself within the range 0.51 ÷ 0.55 mm. The 
lowest mandrel deflection of 0.37 ÷ 0.48 mm was predicted for die 3, depending on the 
mandrel position. 

 
Figure 9. Distribution of die deflection during extrusion of tubes of Ø50 × 2 mm from 7021 alumin-
ium alloy through porthole dies of different geometry—global view of mandrels (a) and local view 
of chosen part of mandrel (b). 

The detailed data concerning the metal exit speed in the die cavity on the profile pe-
rimeter and elastic deflection in different regions of the mandrel for the all analysed dies 
are presented in Figure 10. Based on the calculations, it can be concluded that porthole die 
3 is the most advantageous and guarantees the highest and most uniform metal exit speed 
and the lowest elastic deformation of the mandrels in the extrusion direction. This allows 
the forecasting of the smallest dimensional deviations of extruded tubes for die 3. 

 

Figure 10. Diagrams of the metal velocity in the die cavity during extrusion of tubes of Ø50 × 2 mm
from 7021 aluminium alloy through porthole dies of different geometry (a) and porthole die deflection
in Z direction in different areas of mandrel for different die geometry (b).

263



Materials 2023, 16, 556

Figure 11 presents the distributions of predicted indicator of the strength status for
the porthole dies of different geometry. The indicator of the strength status—red area
of the scale—means a high risk of cracking or even mechanical tearing of the die. The
maximal values of the indicator for die 1 and die 2 occur in the region of mandrel tops. The
significant improvement in the strength conditions in case of die 3 is observed as a result
of the elimination of dangerous areas of the bridge arms and the mandrels. For die 3, the
indicator of strength status is placed within the range of 0.92–0.95. These benefits result
from appropriate changes in the design of the porthole die, i.e., the geometry of the inlet
channels, bridges and mandrels.
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Figure 11. Distribution of strength status for the mandrel tops for different die geometry during
extrusion of tubes of Ø50 × 2 mm from 7021 aluminium alloy.

3.2. Extrusion Trials

The extrusion of the examined tubes was performed for die 1, die 2 and die 3 for
variable heating temperatures of billet: 520 ◦C, 510 ◦C, 500 ◦C and 480 ◦C and for variable
extrusion speed: 1.5 ÷ 4 mm/s. In the case of die 3, the billet temperature was of 480 ◦C
and the extrusion speed was of 1.5 mm/s. Figure 12 presents the tubes on the run-out of
the press extruded by using different porthole dies. In general, for the all tested dies, high
geometrical stability of the tubes and high quality of the tubes surface, free of tarnish and
cracks, can be noticed. The extrusion pressure of 80–90% of the press capacity and exit
speed from dies of 4.5 m/min (for die 1), 3.5 m/min (for die 2) and 4.5 m/min (for die 3)
were recorded using a data acquisition system. The tubes of Ø50 × 2 mm, extruded from
7021 alloy in cross-section by using different dies, are presented in Figure 13.
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Exemplary technological parameters of extrusion process for die 3 were shown in 
Figure 14. Experimental trials confirmed the possibility of obtaining a relatively high metal 
exit speed with good surface quality of profiles for die 3 with radial and convex entry to 
the die cavity. 

Figure 12. Extruded tubes of Ø50 × 2 mm from 7021 alloy on the press run-out table for dies of
different geometry: die 1, T0 = 480 ◦C, V1 = 4.5 m/min; die 2, T0 = 480 ◦C, V1 = 3.5 m/min; die 3,
T0 = 480 ◦C, V1 = 4.5 m/min.
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Figure 13. Tubes of Ø50 × 2 mm extruded from 7021 alloy in cross-section by using different dies—die
1 (a), die 2 (b) and die 3 (c).

Exemplary technological parameters of extrusion process for die 3 were shown in
Figure 14. Experimental trials confirmed the possibility of obtaining a relatively high metal
exit speed with good surface quality of profiles for die 3 with radial and convex entry to
the die cavity.

During the tests for die 1 and 2 and for the lowest billet temperature, the cracking of a
mandrel occurred in both the tested dies and the mandrels were damaged (Figure 15 on
the left). In the case of die 3, bridges and mandrels were free from cracks after extrusion
(Figure 15 on the right), which confirmed the earlier FEM predictions. The qualitative
assessment of die 3 indicated minimal deflection of the bridges. The dies were submitted
to quantitative analysis—3D optical scanning.
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Figure 14. Recorded technological parameters of extrusion of tubes of Ø50 × 2 mm from 7021 alloy
for extrusion die 3: metal exit speed (a), extrudates temperature (b) and extrusion pressure (c).
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Figure 15. Porthole dies after extrusion of tubes of Ø50 × 2 mm from 7021 alloy; broken mandrel
view for extrusion die 1 (on the left), bridge and mandrel view for extrusion die 3, free from cracking
(on the right).

3.3. 3D Optical Scanning of Extruded Tubes

Figures 16 and 17 present the results of the optical scanning with the use of a ATOS
Core 200 system, purchased from the GOM Company, for tubes of Ø50 × 2 mm extruded
from 7021 alloy through the porthole dies: 1, 2 and 3 and, for comparison, through the
tubes of identical geometry from 6082 alloy extruded through the classic porthole die for
6xxx series alloys. Figure 16 refers to the measurements of wall thickness in 16 points along
the perimeter of the tube, whereas Figure 16 shows the measurement results of the inner
diameter of the tube and deviations from the circularity in six points along the perimeter of
the tube. The figures also present results of the inspection of the dimensional accuracy of
the wall thickness, inner diameter and circularity of the extruded tubes in comparison with
permissible deviations from the nominal dimensions described in the standard. The green
colour means that a given dimension fits permissible limits in the standard, the yellow
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colour means that a dimension is placed on the edge of the standard and the red colour
means that the dimension is out of the standard.
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Figure 16. Results of optical scanning of the tubes of Ø50 × 2 mm: measured wall thickness of tubes
extruded from 6082 alloy by using 4-hole die (on the top left) and extruded from 7021 alloy by using
2-hole die 1 (on the top right), 2-hole die 2 (on the bottom left), as well as extruded from 7021 alloy
by using 2-hole die 3 (at the bottom right).

On the basis of the measurements, a high mapping result was obtained for the wall
thickness, inner diameter and circularity for tubes extruded from the 6082 alloy at all the
measurement points in which the dimensional deviations were acceptable (Figure 16 on
the left and Figure 17 on the left). In the case of tubes from the 7021 alloy extruded through
die 1 and 2, the relatively high dimensional deviations of wall thickness and circularity
were observed, with the simultaneous preservation of narrow deviations of outer and inner
diameters. The maximal deviations of the wall thickness reached 0.48 mm (Figure 16, die
2), which, together with concurrent positive deviation at the level of +0.43 mm, leads to a
strong tube eccentricity phenomenon. However, maximal circularity deviations reached
as much as 1.6 mm (Figure 16, die 1), which considerably exceeds an acceptable deviation
of circularity, defined at the level of 0.25 mm. At the same time, for die 1 the narrow
dimensional tolerances of the wall thickness for the tube from the 7021 alloy occurred
and were better in relation to the tube from the 6082 alloy, maximal measured deviations
did not exceeded 0.1 mm and permissible deviation was at the level of ±0.25 mm. At the
same time, the use of die 3 is associated with a radical improvement in the dimensional
tolerances of the extruded tubes—the average deviation of wall thickness was 0.14 mm,
the average deviation of circularity was already acceptable at the level of 0.27 mm and the
average deviation of centricity was 0.25 mm.

The results described above are illustrated in Figures 18 and 19 in the form of coloured
maps of deviations, as well as in Figure 20, where the deviation of circularity, eccentricity
and wall thickness for both the analysed dies are jointly shown in comparison to the
standard (dashed line). In addition, an influence of the extrusion speed (within the range of
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1.5 ÷ 4 mm/s) on dimensional deviations of tube for dies 1 and 2 in Figure 20 is presented.
In particular, a strong influence of the extrusion speed on the circularity deviation for die 1
can be observed. This is connected with the occurring of the considerable ovality of the
tube at relatively high extrusion speeds for the 7021 alloy.
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Figure 17. Results of optical scanning of the tubes of Ø50 × 2 mm: measured inner diameter and
roundness deviations of tubes extruded from 6082 alloy by using 4-hole die (on the top left) and
extruded from 7021 alloy by using 2-hole die 1 (on the top right), 2-hole die 2 (on the bottom left), as
well as extruded from 7021 alloy by using 2-hole die 3 (on the bottom right).
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of eccentricity for the tube of die 2 is observed (over 1 mm) for a low extrusion speed of 1 
mm/s, which unexpectedly drops twice for high extrusion, with a speed of 4 mm/s. As 
reported before, a small deviation of the wall thickness below 0.1 mm for die 1 and a low 
extrusion speed of 1.5 mm/s occurred, whereas for a high extrusion speed of 4 mm/s the 
deviation slightly exceeds the permissible value of ± 0.25 mm. In the case of die 2, a large 
deviation of the wall thickness, exceeding the acceptable limit is observed, independently 
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deviations on the right).
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Figure 19. Results of optical scanning of the tubes of Ø50 × 2 mm: coloured maps of deviations for
tubes extruded from 7021 alloy with using 2-hole die 1 (a), 2-hole die 2 (b) and 2-hole die 3 (c) (wall
thickness on the left and roundness deviations on the right).
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Figure 20. Results of optical scanning of the tubes of Ø50 × 2 mm extruded from 6082 alloy through
4-hole die and from 7021 alloy extruded through die 1, die 2 and die 3, (a)—comparison of deviations
for tubes extruded from 6082 and 7021 alloys, (b)—circularity deviations for 7021 alloy, (c)—wall
thickness deviations for tubes from 7021.
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The influence of extrusion speed on the level of circularity deviation for die 2, which
rises from 0.8 mm up to nearly 1.5 mm (as extrusion speed changes within the range of
1.5 ÷ 4 mm/s), is also significant. Regarding the eccentricity of the tube in the case of die 1,
a low acceptable value is observed even for high extrusion speeds. However, a large value
of eccentricity for the tube of die 2 is observed (over 1 mm) for a low extrusion speed of
1 mm/s, which unexpectedly drops twice for high extrusion, with a speed of 4 mm/s. As
reported before, a small deviation of the wall thickness below 0.1 mm for die 1 and a low
extrusion speed of 1.5 mm/s occurred, whereas for a high extrusion speed of 4 mm/s the
deviation slightly exceeds the permissible value of ±0.25 mm. In the case of die 2, a large
deviation of the wall thickness, exceeding the acceptable limit is observed, independently of
the extrusion speed (Figure 20). Die 3 provided the lowest and most acceptable geometrical
deviations of extruded tubes from the 7021 alloy.

3.4. Corelation Statistical Analysis of Extruded Tubes

Based on the analysis results, a correlation coefficient was established. In particular, a
coefficient from 0.6 to 1.0 (high, very high and full correlation) was taken into consideration.
The significant coefficients of correlation were indicated in red in Figure 21. A strong
correlation of variables, such as extrusion speed, circularity, wall thickness, inner diameter,
and outer diameter of a tube, and a moderate correlation of variables, such as billet
temperature and centricity, was found. In particular, for die 1 a high correlation of extrusion
speed and centricity of the tube (coefficient of 0.74) was obtained, which means that the
rise in extrusion speed within the range of 1–4 mm/s leads to high increase in the tube
centricity. In turn, a very high negative correlation between extrusion speed and wall
thickness (−0.90), as well as between outer diameter (−0.62), indicates that the increase in
the extrusion speed leads to significant decreasing of both wall thickness and outer diameter
of the tube. The rise in temperature moderately influences the decrease in centricity of the
tube (correlation coefficient of −0.43).
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Figure 21. Results of statistical correlation analysis for optically scanned tubes of Ø50 × 2 mm
extruded from 7021 alloy through porthole dies for different billet temperatures and different ram
speeds, (a) die 1, (b) die 2.

In the case of die 2, a negative and high correlation of the extrusion speed and wall
thickness is observed (correlation coefficient of—0.70), as well as the extrusion speed—inner
diameter (correlation coefficient of—0.77), whereas a high correlation between extrusion
speed and the outer diameter (coefficient of correlation 0.76) occurred. This means, in
practice, a high decrease in the wall thickness and inner diameter, as well as an increase
in the outer diameter, will cause a rise in extrusion speed. Moderate decreases in the
circularity of the tube with an increase of billet temperature (correlation coefficient of—0.54)
is also visible.

Figure 22 presents the scatter diagrams of results for the tube extrusion of Ø50 × 2 mm
from 7021 alloy through die 1 (Figure 22a,b; correlation of extrusion speed and ovality, as
well as wall thickness) and through die 2 (Figure 22c,d; correlation of extrusion speed and
inner diameter, as well as thickness of the tube).

270



Materials 2023, 16, 556

Materials 2023, 16, x FOR PEER REVIEW 18 of 25 
 

 

In the case of die 2, a negative and high correlation of the extrusion speed and wall 
thickness is observed (correlation coefficient of—0.70), as well as the extrusion speed—
inner diameter (correlation coefficient of—0.77), whereas a high correlation between ex-
trusion speed and the outer diameter (coefficient of correlation 0.76) occurred. This means, 
in practice, a high decrease in the wall thickness and inner diameter, as well as an increase 
in the outer diameter, will cause a rise in extrusion speed. Moderate decreases in the cir-
cularity of the tube with an increase of billet temperature (correlation coefficient of—0.54) 
is also visible. 

Figure 22 presents the scatter diagrams of results for the tube extrusion of Ø50 × 2 
mm from 7021 alloy through die 1 (Figure 22a,b; correlation of extrusion speed and oval-
ity, as well as wall thickness) and through die 2 (Figure 22c,d; correlation of extrusion 
speed and inner diameter, as well as thickness of the tube). 

 
Figure 22. Scatterplots for optically scanned tubes of Ø50 × 2 mm extruded from 7021 alloy through 
porthole dies for different billet temperatures (480 °C, 500 °C, 510 °C and 520 °C) and different ram 
speeds (1.5, 2, 3 and 4 mm/s): die 1—ovality and wall thickness deviations a), b), and die 2—inner 
diameter and wall thickness deviations c), d). 

Figure 22. Scatterplots for optically scanned tubes of Ø50 × 2 mm extruded from 7021 alloy through
porthole dies for different billet temperatures (480 ◦C, 500 ◦C, 510 ◦C and 520 ◦C) and different ram
speeds (1.5, 2, 3 and 4 mm/s): die 1—ovality and wall thickness deviations (a,b), and die 2—inner
diameter and wall thickness deviations (c,d).

3.5. 3D Optical Scanning of Extrusion Porthole Dies

Figure 23 shows the maps of dimensional deviations of the porthole die after extrusion
of tubes of Ø50 × 2 mm from the 6082 alloy (bridges view—on the left, mandrel view—on
the right). It should be noted that there are minimal dimensional deviations of bridges, both
in the central part and on the bridge arms, not exceeding 0.03 mm, indicating a small elastic
deflection in the extrusion direction and finally, on a small permanent deformation during
the extrusion process. A similar situation exists for mandrels, particularly in the region of
bearing length, where dimensional deviations are small at the level between -0.01 mm and
0.03 mm. Analogical maps for porthole dies after the extrusion of tubes from the 7021 alloy
are presented in Figure 24.
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Figure 24. Results of optical scanning of the porthole dies for extrusion of tubes of Ø50 × 2 mm from
7021 alloy: die deflection for mandrels (a), bridges (b) and inserts (c)—die 1 (on the left), die 2 (in the
middle) and die 3 (on the right).

Figure 24a shows mandrels, Figure 24b—bridges and Figure 24c—die inserts (die 1 on
the left, die 2 in the middle, and die 3 on the right). The significant dimensional deviations
of mandrels for die 1 and die 2 are visible (Figure 24a on the left and in the middle). Slightly
higher deviation for die 1 is observed from −0.19 mm at the outer part of the mandrel
up to +0.18 mm at the inner part of the mandrel. This suggests permanent deviation
of the mandrel to the centre of the die; the tearing of one mandrel region is also visible.
The situation for die 2 looks in reverse, i.e., there is a permanent deviation of mandrels
outside the die, whereby the dimensional deviations are smaller compared to die 1. Very
small dimensional deviations of the mandrels, not exceeding 0.3 mm, were stated for die 3
(Figure 24a on the right). A moderate deflection of bridges in the extrusion direction for
die 1 is observed (Figure 24b on the left)—deviation is at the level of −0.12 mm down to
−0.15 mm, whereas the significant deflection of the bridges for die 2 was stated at the level
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between −0.35 and −0,49 (Figure 24b in the middle). The minor bending of the bridges
in the extrusion direction, not exceeding −0.1 mm, was stated for die 3 (Figure 24b on the
right). In practice, zero dimensional deviations were stated for regions of die lands of all
the porthole dies (Figure 24c).

The close-up of a chosen bridge (on the left) and a chosen mandrel (on the right) for
the discussed tube from the 6082 alloy in Figure 25 is presented. Figure 26 presents the
close-up of the chosen bridges (on the left) and the chosen mandrels (on the right) for the
extrusion of discussed tubes from 7021 alloy—for die 1 (Figure 26a), die 2 (Figure 26b) and
die 3 (Figure 26c).

Materials 2023, 16, x FOR PEER REVIEW 20 of 25 
 

 

Figure 24a shows mandrels, Figure 24b—bridges and Figure 24c—die inserts (die 1 
on the left, die 2 in the middle, and die 3 on the right). The significant dimensional 
deviations of mandrels for die 1 and die 2 are visible (Figure 24a on the left and in the 
middle). Slightly higher deviation for die 1 is observed from −0.19 mm at the outer part of 
the mandrel up to +0.18 mm at the inner part of the mandrel. This suggests permanent 
deviation of the mandrel to the centre of the die; the tearing of one mandrel region is also 
visible. The situation for die 2 looks in reverse, i.e., there is a permanent deviation of 
mandrels outside the die, whereby the dimensional deviations are smaller compared to die 
1. Very small dimensional deviations of the mandrels, not exceeding 0.3 mm, were stated 
for die 3 (Figure 24a on the right). A moderate deflection of bridges in the extrusion direction 
for die 1 is observed (Figure 24b on the left)—deviation is at the level of −0.12 mm down to 
−0.15 mm, whereas the significant deflection of the bridges for die 2 was stated at the level 
between −0.35 and −0,49 (Figure 24b in the middle). The minor bending of the bridges in the 
extrusion direction, not exceeding −0.1 mm, was stated for die 3 (Figure 24b on the right). In 
practice, zero dimensional deviations were stated for regions of die lands of all the porthole 
dies (Figure 24c). 

The close-up of a chosen bridge (on the left) and a chosen mandrel (on the right) for 
the discussed tube from the 6082 alloy in Figure 25 is presented. Figure 26 presents the 
close-up of the chosen bridges (on the left) and the chosen mandrels (on the right) for the 
extrusion of discussed tubes from 7021 alloy—for die 1 (Figure 26a), die 2 (Figure 26b) and 
die 3 (Figure 26c). 

 
(a) (b) 

 

 

Figure 25. Results of optical scanning of the porthole dies for extrusion of tubes of Ø50 × 2 mm from 
6082 alloy: die deflection—close-up of the bridge view a) and the mandrel view b). 

Figure 25. Results of optical scanning of the porthole dies for extrusion of tubes of Ø50 × 2 mm from
6082 alloy: die deflection—close-up of the bridge view (a) and the mandrel view (b).

Materials 2023, 16, x FOR PEER REVIEW 20 of 25 
 

 

deviations of mandrels for die 1 and die 2 are visible (Figure 24a on the left and in the 
middle). Slightly higher deviation for die 1 is observed from −0.19 mm at the outer part of 
the mandrel up to +0.18 mm at the inner part of the mandrel. This suggests permanent 
deviation of the mandrel to the centre of the die; the tearing of one mandrel region is also 
visible. The situation for die 2 looks in reverse, i.e., there is a permanent deviation of man-
drels outside the die, whereby the dimensional deviations are smaller compared to die 1. 
Very small dimensional deviations of the mandrels, not exceeding 0.3 mm, were stated for 
die 3 (Figure 24a on the right). A moderate deflection of bridges in the extrusion direction 
for die 1 is observed (Figure 24b on the left)—deviation is at the level of −0.12 mm down to 
−0.15 mm, whereas the significant deflection of the bridges for die 2 was stated at the level 
between −0.35 and −0,49 (Figure 24b in the middle). The minor bending of the bridges in the 
extrusion direction, not exceeding −0.1 mm, was stated for die 3 (Figure 24b on the right). In 
practice, zero dimensional deviations were stated for regions of die lands of all the porthole 
dies (Figure 24c). 

The close-up of a chosen bridge (on the left) and a chosen mandrel (on the right) for 
the discussed tube from the 6082 alloy in Figure 25 is presented. Figure 26 presents the 
close-up of the chosen bridges (on the left) and the chosen mandrels (on the right) for the 
extrusion of discussed tubes from 7021 alloy—for die 1 (Figure 26a), die 2 (Figure 26b) and 
die 3 (Figure 26c). 

 
Figure 25. Results of optical scanning of the porthole dies for extrusion of tubes of Ø50 × 2 mm from 
6082 alloy: die deflection—close-up of the bridge view a) and the mandrel view b). 

 
Figure 26. Results of optical scanning of the porthole dies for extrusion of tubes of Ø50 × 2 mm from 
7021 alloy: die deflection—close-up of view for die 1 a), die 2 b) and die 3 c). 

3.6. ANOVA Statistical Analysis of Extrusion Porthole Dies 

Figure 26. Results of optical scanning of the porthole dies for extrusion of tubes of Ø50 × 2 mm from
7021 alloy: die deflection—close-up of view for die 1 (a), die 2 (b) and die 3 (c).

3.6. ANOVA Statistical Analysis of Extrusion Porthole Dies

The results from the measurements with the use of optical scanning 3D were utilized
in a statistical analysis. Surfaces of the bridge part and insert die were divided between the
regions in which the dimensional deviations were determined, which was the result of the
matching CAD models of the dies and real scans.

In the case of the bridge-part of die 1 (H90259), three crucial areas were analysed. Area
1 relates to the frontal part of the bridge. It was considered as a whole without demarking
between particular apertures because of the die design, areas 2–5 concern the side surface
of the channel and areas 6–7 indicate the surface of the mandrel/core land (Figure 27a).

273



Materials 2023, 16, 556

The lack of area 7, which marks the surface of the calibrating land on the core, is caused
by its damage. In the case of this element, the largest differences, at the level of −0.3 mm,
are visible for areas 1 and 2. This is due to the significant deformation of this part of the
porthole die during use. The deformation of area 1 results from the bending of the die
bridges and area 2 from the excessive wear of the side surface of the channel.
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Figure 27. Results of ANOVA analysis for the porthole die 1: die core/bridge part (a) and die
disc/insert (b).

In the case of the insert-part of die 1 (H90259), three crucial areas were analysed. Areas
1–2 indicate the frontal part of the channel, 3–4 the side surface of the channel and areas
5–6 relate to the die land. In the case of this element, the highest deviation values, at a
maximum level of −0.3 mm, occur for the areas 5–6 (Figure 27b). The obtained values
result from insufficient precision in the workmanship of the element, since the diagram
representing wear indicates small deviations from the nominal value.

Three regions for each die aperture were marked in the case of the bridge-part of die
2 (H90227). The area marked with 1–4 means the dimensional deviations of the channel
surface, 5–8 refers to deviations from the surface of the core land and 9–12 are related to the
frontal surface of the bridge (Figure 28a). The highest deviations, at the level of −0.45 mm
for the new die and −0.40 mm for the used die, occur for the area 9–12, which means that
these regions seem most exposed to wear.
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Figure 28. Results of ANOVA analysis for the porthole die 2: die core/bridge part (a) and die
disc/insert (b).

In the case of the insert-part of die 2 (H90227), two areas were marked and analysed.
Areas 1–4 indicate deviations obtained from the side surface of channels in the die insert,
whereas areas 5–8 relate to quantities obtained from the die land surface (Figure 28b). The
results indicate small dimensional deviations at a level of 0.07 mm, whereas the largest
differences occur in the case of the side surface of the channel in comparison to the die
land values.
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4. Discussion

The distribution of the metal velocity during the extrusion of the tubes of Ø50 × 2 mm
from a hard 7021 alloy, with the use of die 1 (Figure 6a), indicates a significant difficulty
in metal supply to the outer regions of the die cavity in the sub-bridge area. In this area,
the metal flows over the bridge, then it flows across the welding chamber, before it reaches
the die cavity. The fastest flowing was obtained for the inner regions of the die cavity, as
well as for the sub-bridge region, but is located close to the central extrusion axis, where,
by nature, the metal flows faster. The high diversity in the metal velocity within the die
cavity on the perimeter of the tube may cause the formation of the tensile stresses at the
die land (Figure 8a). This, in turn, can lead to the surface tearing of the product and, in
consequence, to a decrease in the exit speed from the die, which reduces the effectiveness
of the process. Moreover, it may result in a decrease in the dimensional accuracy of the
tube and, in particular, in the high deviations from the circularity.

It is worth noting that the improvement of the die 1 design, aimed at the acceleration of
the metal flow within outer regions of the die aperture in the sub-bridge area and connected
with the extending of the welding chambers and lowering of the die lands, has proved to
be unsuccessful. On the one hand, the maximum opening of the inlet channels in die 1,
along with an application of the central two-ridge bridge, offered a chance for a decrease in
the metal flow resistance during extrusion and to an increase in the average exit speed. On
the other hand, it resulted in a non-uniform metal flow at the perimeter of the tube and,
finally, impeded a loss of geometrical stability of the extruded tubes (Figures 16–20).

As shown in the subsequent photogrammetric investigations, a correlation can be
found between the tendency to lose roundness when using die 1 and high uniformity
of the metal flow within the die aperture. In the case of die 2, where a uniform metal
flow was observed (Figure 6b), deviations from the tube ovality were significantly lower
(Figures 16–20); however, they also exceeded the values permissible by proper standard.
The permanent deviation of mandrels from the extrusion axis in the transverse direction
is a main reason of the ovality of tubes (Figures 24 and 26). However, there is also a
correlation between deviations of the wall thickness—combined with the eccentricity of
the tube—an elastic deflection of mandrels in the extrusion direction (Z direction), and the
further permanent deviation of mandrels, as well as bridge bending in extrusion direction
(Figures 24 and 26). The differences in elastic deflection of the mandrels in the porthole die
results from a diverse mandrel design, particularly its thickness and length.

Lower values of the elastic deflection of the mandrel were obtained for die 1, with
bridges of 28 mm in thickness and 70 mm in length, whereas significantly higher elastic
deflections occurred for die 2 of 16 mm bridge in thickness and of 55 mm in length. In
addition, higher permanent deflections of bridges were measured for die 2. Consistently,
the higher dimensional deviations of the wall thickness and eccentricity phenomenon of die
2 were confirmed. However, a large ovality of extruded tubes was stated for the extrusion
of die 1 as a result of non-uniform metal outflow from the die opening and back bending
of mandrels.

The above observations suggest the inadequate porthole die design of die 1 and
die 2, which were modified in terms of better metal flow control and higher strength
and stiffness. The following corrections were performed to design the extrusion of die 3:
slightly lowered/rounded entry to the inlet channels, the original geometry of central die
compartment, thicker bridges of up to 20 mm, elongated bridges of up to 95 mm, greater
height of the welding chambers of 21–25 mm, elongated mandrels of modified geometry,
and radial-convex entry to the die cavity.

The FEM calculations indicated lower elastic deflections of both bridges and mandrels,
as well as more uniform supply of the metal to the die aperture, while also eliminating
regions where the material passes from the elastic to plastic state (the potential places of
the mandrel cracking). The industrial trials of the extrusion of the discussed tubes using
modified die 3 and the subsequent 3D optical scanning of extruded tubes and used dies
positively validated the established assumptions. A high compliance of extrusion force was
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obtained for FEM numerical calculations and experimental extrusion tests of the analysed
tubes (Figure 29).
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Figure 29. Comparison of extrusion force for the analysed tube from 7021 alloy—FEM predicted and
experimentally validated.

5. Conclusions

Based on the obtained results, the following conclusions can be formulated:

1. The extrusion of tubes of Ø50 × 2 mm from the 7021 alloy with the use of the porthole
dies is connected with high deformation resistance and high frictional resistance in
comparison to the extrusion of analogical tubes from the 6082 alloy, which translates
to higher extrusion pressures and lower metal exit speeds.

2. High unit pressures during extrusion tubes of Ø50 × 2 leads to high thermo-mechanical
loads of dies connected with permanent deflection of bridges and mandrels, which
leads to significant dimensional deviations of circularity and eccentricity, exceeding
standard’s limits.

3. Strong plus correlation between extrusion speed and tube circularity, strong minus
correlation of extrusion speed and the wall thickness, inner and outer diameter of
tubes, and moderate minus correlations between billet heating temperature and
circularity of tubes exist. This means that maximal permissible extrusion speed cannot
be applied, but high billet heating temperatures should possibly be advised.

4. The application of the modified die 3 resulted in successful control of the metal flow,
which consisted in the effective facilitating of the inflow of metal to the sub-bridge
areas, thus minimizing the side deviation of mandrels.

5. The design of the porthole dies for the extrusion of the 7xxxx series aluminium alloys
needs new assumptions in relation to classic dies for the extrusion of the 6xxxx series
alloys. In the extrusion of tubes from a 7021 alloy, we recommend: slightly thicker
and considerably elongated bridges, special central die compartment, higher welding
chambers, shaped pocket dies, geometrically modified mandrels and smooth entries
to the die cavity.
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