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Preface

A large number of OWT farms are already in operation while WECs arrays are in the
pre-commercial phase. At the same time, possible combined ORES or co-located farms and arrays,
combining the two technologies are being researched. Successful steps forward, towards safety,
sustainability and resilience, are required from both technologies for different reasons but with the
same target.

ORES are operating in a very challenging environment where dynamic excitation loads from
different sources and with different characteristics need to be considered. The development of
numerical analysis models and design methods of ORES as single systems or in OWTs farm
and WECs array configurations is a very demanding task. New methods for addressing the
wave-structure interaction effects are continuously being developed. Design methods covering
the whole life-cycle range of ORES (conception, design, installation, operation, maintenance,
dismantling) are continuously redeveloped and reassessed. Novel techniques (e.g. artificial
intelligence and smart sensors) are being tested and integrated with various numerical models and

design methods.

Constantine Michailides and Wei Shi
Guest Editors
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Abstract: An initial design of the platform for the moderate water depth (100 m) is performed by
upscaling of an existing 5 MW braceless semi-submersible platform design to support the DTU (Danish
University of Science and Technology) 10 MW wind turbine. To investigate the dynamic characteristics
of the ultra-large semi-submersible floating offshore wind turbine (FOWT), an aero-hydro-servo-elastic
numerical modeling is applied to carry out the fully coupled time-domain simulation analysis. The
motion responses of the ultra-large semi-submersible FOWT are presented and discussed for selected
environmental conditions. Based on the quasi-static and dynamic analysis methods, the influence
of the dynamic effects of the mooring lines on the platform motion responses and mooring line
tension responses are discussed. Subsequently, the difference in the motion responses and structural
dynamics of the DTU 10 MW and NREL (National Renewable Energy Laboratory) 5 MW FOWT is
studied due to the difference in turbine properties. The simulation results reveal that the excitation
of the low-frequency wind loads on the surge and pitch motions, the tower-base fore-aft bending
moments and the mooring line tension response becomes more prominent when the size of the wind
turbine increases, but the excitation action of the 3P effect on the structural dynamics of the 5 MW
FOWT is more obvious than those of the 10 MW FOWT.

Keywords: semi-submersible floating offshore wind turbine; fully coupled numerical model; dynamic
characteristic; power spectra; dynamic effects of mooring lines

1. Introduction

Over the past few decades, offshore wind energy has emerged as an attractive alternative to
conventional power generation and established itself as a major source of environmentally-friendly,
inexhaustible, economical, and importantly renewable energy [1]. China’s offshore wind energy
resources can reach 750 GW [2]. The development of the offshore wind energy is characterized by
more consistent wind, less space constraints and visual impacts on the residents, which has become
the main area of the development of China’s wind energy industry.

In shallow waters (<50 m), bottom-fixed substructures, such as gravity-based structures,
mono-piles, multi-piles, high-piles, jackets, and buckets are usually applied to support the offshore
wind turbines. However, many promising sites are at deeper water depths (>50 m), where bottom-fixed
substructures can no longer be used [3]. A floating structure can be used as an alternative from an
economic perspective [4], such as spar-buoys [5], semi-submersible [6], barges [7], and tension
leg platforms (TLP) [8], which have the advantages of reduced noise during installation, no
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required scour protection, and cheap anchor installation for the mooring system. However, the
floating offshore wind turbine (FOWT) is a rigid and flexible hybrid multi-body system with the
complex interaction (aerodynamic-hydrodynamic coupling) of wind turbine (including blades, hub,
and nacelle)-tower-support platform-mooring system, which makes the analysis of the dynamic
characteristics of the FOWT system extremely complex and challenging [9].

At present, considerable research on the dynamic characteristics of 5 MW FOWT has been
conducted by domestic scholars. Jonkman et al. [10] developed a HydroDyn module coupled with
the original aero-servo-elastic FAST code for land-based wind turbines and analyzed various TLP
and barge designs for the NREL (National Renewable Energy Laboratory) 5 MW wind turbines. A
TLP support platform for the 5 MW wind turbine was the focus of a study by Matha [11], whereby its
performance was compared to that of other floating platform concepts in load computations, and its
major instabilities were identified. Li et al. [12] investigated the wind-wave-induced global motion
responses and mooring tension responses of the 5 MW OC4-DeepCwind semi-submersible FOWT, and
a quadratic damping model was developed to gain a better consideration of the viscous performance.
Ma et al. [13] analyzed the motion responses and structural dynamics of the 5 MW OC3-Hywind
Spar-type FOWT in different sea states and investigated the coupling effects between various motion
modes of the FOWT. Furthermore, the coupled wind-wave-induced analyses of the 5 MW OC3-Hywind
FOWT of different hydrodynamic models based on the Morison formula, Pressure integration method,
and Panel method was conducted by Madjid [14], then, the effect of damping and inertia forces of
the mooring lines on the mooring line tension responses was discussed. Guo et al. [15] also analyzed
the influence of the dynamic behaviors (including the structural inertial effect and fluid drag) of the
mooring lines on the integrated motion responses of the 5 MW Spar-type FOWT based on the improved
three-dimensional dynamic catenary theory.

The recent trend in the offshore wind industry is going to larger wind turbines, farther offshore
and deeper water due to lack of offshore wind resources in shallow water area [15]. An ultra-large
wind turbine can absorb more wind power, potentially reduce the installation and construction costs,
take advantage of economies of scale, and thus capitalize on the stronger and more consistent wind
resources farther offshore [16]. The DTU (Danish University of Science and Technology) 10 MW wind
turbine [17] jointly proposed by the DTU and Vestas Wind Technologies corporation has become an
extensively accepted reference wind turbine. Owing to the ultra-large wind turbine requirements of
larger support structures, Xue [18], Tian [19], and Islam [20] formulated a preliminary design of a
floater to support the 10 MW wind turbine by upscaling the existing 5 MW OC3-Hywind, MIT-TLP, and
WindFloat concepts. This design satisfied the basic requirements of hydrostatic stability and dynamic
properties of the 10 MW FOWTs. Xu et al. [21] also considered the DTU 10 MW wind turbine as the
research object and used FAST to analyze the dynamic characteristics of the OC3-Hywind Spar-type
FOWT under the joint action of the wind-wave-induced loads. However, the ultra-large FOWT was
faced with more complicated marine environmental conditions given the increased turbine size. The
aeroelastic effects of the giant flexible blades, the large and strong nonlinear motions of the support
platform, the strong nonlinear coupling effects between the mooring system and support platform are
still to be extensively and thoroughly investigated.

In this study, the DTU 10 MW wind turbine is selected as the research object, and the columns of
the braceless semi-submersible wind turbines are connected by pontoons rather than braces, which
can reduce design complexity and the construction cost of additional heave plate and avoid the stress
concentration effect at the joint [22]. Therefore, an initial design is performed by upscaling of an
existing 5 MW braceless semi-submersible platform design proposed by Luan et al. [23] to support the
DTU 10 MW wind turbines in the moderate water depths (100 m). Aero-hydro-servo-elastic numerical
modeling is used to conduct fully coupled time-domain simulation analyses to investigate the dynamic
characteristics of the ultra-large semi-submersible FOWT for the selected environmental conditions.
Furthermore, the impact of additional dynamic behaviors of the mooring line on the integrated motion
responses of the FOWT is studied based on the mooring dynamic analysis modeling, including the
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hydrodynamic damping and inertia forces of the mooring lines, and compared with the quasi-static
modeling. Additionally, the difference in the motion responses and structural dynamics of the NREL 5
MW and DTU 10 MW FOWTs is studied due to the complexity of the dynamic characteristics and
coupling mechanism of the ultra-large FOWTs, which can provide a reference for the design and
engineering practices of the ultra-large FOWTs.

2. Theoretical Background

2.1. Coupled Motion Equation of the FOWT

Based on the theory of aerodynamics, hydrodynamics and multi-body dynamics, the coupled
motion equation of the FOWTs under the joint action of the wind-wave induced loads can be expressed
by [24]

(M + A)i(t) + f h(t = 2)(2)dT + (K (x) + Kn)x(t) = Fexel, 5, ), W

—00

where M is the mass matrix of the floating system, A is the added mass matrix at infinite frequencies,
Ky, is the hydrostatic restoring stiffness matrix, Ky, is the nonlinear restoring stiffness matrix from
the mooring system, ¥, x, and x, are the acceleration, velocity, and displacement of the platform,
respectively, /i(t — 7) is the retardation function which represents the fluid memory effect, and Fexc is
the excitation force which includes the aerodynamic force, hydrostatic force, radiation force, diffraction
force, and nonlinear viscous drag force.

2.2. Hydrodynamic Loads

Four parts of the hydrodynamic properties of the floating platform are calculated in this model.
(1) The linear hydrostatic restoring force, (2) the added mass and radiation damping from the linear
wave radiation including the free-surface memory effects, (3) the incident-wave excitation from the
linear diffraction in regular or irregular seas, and (4) the nonlinear viscous drag from the incident-wave
kinematics and the platform motions. Therefore, the total force Fflatform acting on the floating platform
is expressed by [25]

Hydrostatic iati i i Dra
FiPlatform — Fi y + FiRadlatlon + F}Dn‘fractlon + Fi g, (2)

Hydrostatic
1
force, F?rag is the nonlinear viscous drag force.

The radiation force includes contributions from the added mass and radiation damping, which
are proportional to the acceleration and velocity of the floating platform motions, respectively. The
radiation force can be given in time domain by

where F is the hydrostatic force, F?adiation is the radiation force, F?iffradio“ is the diffraction

t

F%{adiation _ _Aoojéj(t) — fhij(t - T)jcj(t)d’[, (3)
0

where h;(7) is the retardation function which can be described by

hij = —j(;oo Bll(a)) Cos(a)t)da), (4)

Tt

in which Bj; is the linear radiation damping matrix.
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The diffraction force refers to the total excitation loads acting on the floating platform from the
incident waves. In considering stochastic sea states defined by an appropriate wave spectrum, the
wave elevation ((t) and diffraction force FPiffmCti"“ can be determined by [26,27]

(o)

1 fw 27_(52 Slded( )]wtda}, (5)

[ee)

FPiffraction — %f W(a)) anZC—sided (a))Xi(w,ﬁ)ejwtda), (6)

where S%‘Sided (w) is the two-sided power spectral density of the wave elevation per unit time, w is the
circular frequency of the wave, W(w) is the Fourier transform of a realization of a white Gaussian
noise(WGN) time-series process with zero mean and unit variance, X;(w, ) is the i" component of the
frequency- and direction-dependent complex incident-wave-excitation force on the support platform
per unit wave amplitude.

The nonlinear viscous drag load [28] can be calculated according to the Morison equation, which
is proportional to the square of relative velocity between the fluid and the floating platform and can be
expressed by

FPrag _ %CDpr[ui(t) = () [Jus(t) - (1),

1

7)

where u;(t) is the wave particle velocity estimated at the instantaneous position of the center of gravity
(COG), Cp is the viscous drag coefficient in the specific direction with a projection area A.

The hydrostatic force FHydrOStanC includes the buoyancy force from Archimedes’ principle, and the
linear hydrostatic force and moment resulting from the effects of the water-plane area and the center of

buoyancy (COB) as the floating platform is displaced, which can be described by [25]

FiHydrostatlc

Hydrostati
ydrosta 1cxj(t), ®)

= pw&Voviz — C]

where py is the density of the seawater, Vj is the displaced volume of fluid when the floating platform
is in its undisplaced position, v;s is (i,3) component of the Kronecker-Delta function, and non-zero
only when the degrees of freedom (DOFs) i = 3, C?ydrosmlc is the (i, j) component of the linear

hydrostatic-restoring matrix from the effects of water-plane area and the COB.

2.3. Aerodynamic Loads

The aerodynamic loads on the turbine are calculated based on the blade element momentum
(BEM) theory [29], which assumes that the blades can be divided into many small elements, and the
forces of each element are superimposed along the span of the blades in order to calculate the total
forces and moments exerted on the turbine. According to the blade element theory, the aerodynamic
loads on a single blade element can be described by

1
dT = dLcos¢@ + dDsing = 5Pa Vo> (CL cos 0 4 Cp sin 0)cdr, )

dQ =dLsingp —dDcos¢p = %pa Vo> (Cpsin 6 — Cp cos 0)cdr, (10)

where dT and dQ is the thrust and moment acting on a single blade element, respectively, C;, and Cp
is the lift and drag coefficients of the airfoil, respectively, p, is the air density, c is the chord of the
airfoil, V,, is the relative speed, 0 is the inflow angle, and r is the distance of the airfoil section from
the blade root.
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The aerodynamic effects of the tip losses, the hub losses, and the skewed wake are incorporated.
The unsteady aerodynamics is enabled based on the semi-empirical Beddoes-Leishman dynamic stall
model [30].

2.4. Mooring Line Tension

The mooring line tension can be calculated using a multi-segmented quasi-static method or
dynamic analysis method. The multi-segmented quasi-static method [31] is based on the classic
catenary theory, which allows the evaluation of the mooring system by considering the average
mooring line loads, the seabed friction of each mooring line, and the nonlinear geometric restoring
forces for the catenaries and taut mooring systems. However, the individual line bending stiffness,
the inertia and the hydrodynamic damping forces of the mooring lines are neglected. As shown in
Figure 1, a single mooring line with undercover length in a local coordinate system is demonstrated.
Then the Newton—Raphson iteration scheme is used to solve the mooring line tension in which the
force analysis formulation of the mooring line is given by [25]

2
Xp(Hp, Vi) = L— 2E + f—ﬁln[}g—i + 1+ (7) ]+

(11)
HpL . Cga Vi \2 1% H, \% H,
B+ G- 25 (- 5 - ) MAX(L - 55 - 5 0)|
Ze(Hy, Vi) = 251+ Vel (Yoot il (- oul? (12)
B B oM Hp Hp A 2 )

where Hp and VF are the horizontal and vertical components of the effective tension in the mooring
line at the fairlead, respectively, Hy and V5 are the horizontal and vertical components of the effective
tension in the mooring line at the anchor, respectively, x(s) and z(s) are the horizontal and vertical
coordinates of the reference points of the mooring line, respectively, wys is the apparent weight of a line
in fluid per unit length of line, L is the total unstretched length of a mooring line, A is the cross-sectional
area of the mooring line, Cp is the coefficient of the static-friction drag between the seabed and a
mooring line, and EA is the extensional stiffness of a mooring line.

|14

F

L,o,EA,C,

Anchor ¢

Figure 1. A single mooring line with undercover length in a local coordinate system.

The dynamic analysis of the mooring line that captures mooring stiffness and damping forces
in the axial direction, weight, and buoyancy effects, seabed contact force (without friction), and
hydrodynamic loads from the mooring motion using the Morison equation. In this paper, the dynamic
analysis of the mooring line is based on a lumped-mass modeling approach [32,33] to discretize the
cable dynamics over the length of the mooring line. As shown in Figure 2, the mooring line is broken
up into N evenly-sized line segments connecting N + 1 node points. The indexing starts at the anchor
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(or lower end), with the anchor node given a value of zero, and the mooring line segment between
nodes 0 and 1 given an index of 1/2. The right-handed inertial reference frame with the z-axis being
measured positive up from the water-plane is defined in this model, and each node’s position is defined
by a vector r, which contains the x, y, and z coordinates of the node position. Each segmenti+1/2 of a
mooring line has identical properties of unstretched length, diameter, density, and Young’s modulus.
This allows mooring lines with different sets of properties and supports features such as point masses
and line interconnections. The detailed calculation of the dynamic analysis model of the mooring line
can refer to [34].

Figure 2. Mooring line discretization and indexing.

In this paper, the dynamic analysis method of the mooring line tension is used in the fully coupled
analysis of the 5 MW and 10 MW FOWT. The multi-segmented quasi-static method is only used when
analyzing the dynamic effects of the mooring line (including hydrodynamic damping and inertia forces
of the mooring lines) on the motion responses of the 10 MW FOWT.

3. Baseline Model Description and Numerical Tool

3.1. Design of the FOWT

Taking DTU 10 MW wind turbine as the research object, the specifications of the DTU 10 MW
wind turbine is as shown in Table 1. However, owing to the platform height above still water level
(SWL), the tower of the DTU 10 MW wind turbine was shortened by 12.3 m. The overall properties of
the new tower are listed in Table 2.

The braceless semi-submersible platform can offer the advantage of reducing the number of
welding connections, improving the floater reliability as it is less sensitive to fatigue and corrosion
hot-spot, and also simplifies the fabrication process [35]. Therefore, referring to the size of the NTNU
(Norwegian University of Science and Technology)braceless semi-submersible platform [23] for the
NREL 5 MW wind turbine, a scaled-up model of the braceless semi-submersible platform to hold the
DTU 10 MW wind turbine was completed based on the Froude scaling rather than redesigning the
floating platform completely to improve the efficiency of the design process [36]. The main properties
of the platform are given in Table 3 and the side and top views of the braceless semi-submersible
platform are demonstrated in Figure 3. The mooring system is arranged as shown in Figure 4, and
properties of the mooring system are shown in Table 4. In addition, the layout of the FOWT is presented
in Figure 5.
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Table 1. Specifications of the wind turbine [20].

Turbine Type DTU 10 MW NREL 5 MW
Wind regime IEC Class 1A IEC Class 1B
Rotor orientation, configuration Clockwise, upwind, three blades Clockwise, upwind, three blades
Control Variable speed, collective pitch Variable speed, collective pitch
Cut-in, rated, cut-out wind speed 10,114, 25 3.0,11.4, 25
(m/s)
Rated thrust (kN) 1500 750
Rotor, hub diameter (m) 178.3,5.6 126,3
Hub height (m) 119 90
Drive train Medium speed, multiple-stage High speed, multiple-stage
gearbox gearbox
Rated generator speed (rpm) 480.0 1173.7
Gearbox ratio 50:1 97:1
Rated tip speed (m/s) 90 80
Hub overhang(m), fhaft tilt (°), 7.07,5,-2.5 50,5, -2.5
precone (°)
Blade prebend (m) 3.332 0.000
Rotor mass, nacelle mass(t) 229.0, 446.0 110, 240.0

Table 2. Properties of the tower of the floating offshore wind turbine (FOWT).

Turbine Type DTU 10 MW NREL 5 MW
Elevation of tower top above SWL (m) 115.63 87.6
Elevation of tower base above SWL (m) 12.30 10
Overall tower length (m) 103.33 77.6
Tower top diameter and thickness (m) 5.50, 0.02 3.87,0.019
Tower base diameter and thickness (m) 8.00, 0.036 6.5,0.027
Tower steel density (kg:m~3) 8500 8500
Overall (integrated) tower mass (t) 527.362 249.65
Center of gravity above SWL on tower centerline (m) 56.00 43.35
Table 3. Properties of the platform of the FOWT.
Turbine Type DTU 10 MW NREL 5 MW
d¢ (m) 8 6.5
ds (m) 8 6.5
hey (m) 12.30 10
hgu(m) 24.60 20
hy, (m) 29.52 24
dpw (m) 11.07 9
dph (m) 7.38 6
des (m) 50.43 41
dege (M) 55.965 455
Depth of water (m) 100 100
COG of the platform during operation phase (m) (0,0, —=30.092) (0,0, —24.36)
Displacement (m3) 19257.13 10555
Platform steel density (kg~m_3) 7850 7850
Platform mass, including ballast water (t) 17942.21 9789
Platform steel mass (t) 3259 1804

COG of the platform steel mass

(0,0, =19.089)

(0,0, -12.31)
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Table 4. Properties of the mooring system.

Number of the Mooring Line 3
Mooring line type Spiral rope
Transversal drag coefficient 1.2
Longitudinal drag coefficient 0.02
Transversal added-mass coefficient 0
Longitudinal added-mass coefficient 1
Length of each line (m) 666.5
Mass of per length (kg-m™1) 466
Diameter of the mooring line (m) 0.153
Equivalent axial stiffness (N) 2.5 x10°
Fairlead distance from platform center (m) 54.3

Figure 5. Layout of the FOWT.

3.2. Introduction of Numerical Tool

Using FAST, fully coupled aero-hydro-servo-elastic time domain simulations for the ultra-large
FOWT can be conducted. The modules used in FAST are shown in Figure 6. The aerodynamic loads of
the DTU 10 MW wind turbine were calculated by AeroDyn v14 [29], while the influence of the tower
on the local airflow was not considered. Based on a combination of the linear potential flow theory and
Morison equation, HydroDyn was used to calculate the hydrodynamic loads. According to a linearized
model proposed by Frank Lemmer [37], a single-input-single-output (SISO) Proportional-Integral (PI)
controller was chosen for the ServoDyn. The modules of MAP++ for the quasi-static method [38]
and the modules of MoorDyn [39] for the dynamic method were respectively utilized to calculate the
mooring line tensions. The structural dynamic response of the integrated FOWT, including the rotor,
drivetrain, nacelle, tower, and platform were simulated in ElastoDyn.

During the analysis, two additional modules were introduced. One is ANSYS-AQWA [40], which
was used to calculate the hydrodynamic coefficients of the braceless semi-submersible platform in the
frequency domain, including the added mass, potential damping, and first-order wave exciting forces.
The panel mesh model of the braceless semi-submersible platform below the SWL is shown in Figure 7.
The results of hydrodynamic coefficients were converted to the WAMIT [41] format to perform fully
coupled time-domain simulations in FAST. The other is TurbSim [42], which was used to generate the
3D turbulent wind velocity fields which were input into AeroDyn.
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3D turbulent wind field damping, first-order wave
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ServoDyn ElastoDyn dynamics
MAP++/MoorDyn

Figure 6. Overview of FAST used in the fully coupled analysis.

Figure 7. Panel mesh model of the braceless semi-submersible platform.

Ateach time step, the dynamic equilibrium equations of the rotor, drivetrain, nacelle, platform, and
mooring system, with the rotor’s rotational speed and blade pitch angle regulated by the ServoDyn, were
solved in Elastodyn and Map++/MoorDyn. Then, the platform motions were transferred to HydroDyn
to update the hydrodynamic loads. Meanwhile, the displacements, velocities, and accelerations of the
blade and tower elements were transferred to the AeroDyn to update the aerodynamic loads. The
updated loads will be applied to the dynamic equilibrium equations at the next time step [3].

4. Simulation Results and Discussion

4.1. Free Decay Test

Free decay simulation tests were conducted in FAST by applying a specific initial tower and
platform displacement without the existence of wind, wave, or current. Time histories of decay tests
were recorded, such as those shown in Figure 8 for the surge decay histories of the 5 and 10 MW
FOWTs. Based on the Fourier transforms of the numerical time histories, the natural frequencies of the
5 and 10 MW FOWTs are obtained, as listed in Table 5. It can be observed that the rotor frequency
(1P) is much larger than the natural frequencies of the platform and much smaller than the natural
frequencies of tower, and the blade passing frequency (3P) is larger than the natural frequencies of the
tower. Therefore, resonance will not occur during the operation of the FOWTs.

10
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Figure 8. Time histories of surge decay test.

Table 5. Natural frequencies of the NREL (National Renewable Energy Laboratory) 5 MW and DTU
(Danish University of Science and Technology) 10 MW FOWTs.

Turbine Type DTU 10 MW NREL 5 MW
Surge/Sway (Hz) 0.013 0.015
Heave (Hz) 0.036 0.039
Roll/Pitch (Hz) 0.039 0.042
Yaw (Hz) 0.012 0.012
1st tower side-side (Hz) 0.368 0.436
1st tower fore-aft (Hz) 0.379 0.442

Minimum rotor speed (rpm) 6.0 6.9

Maximum rotor speed (rpm) 9.6 12.1

4.2. Dynamic Response of the FOWT

4.2.1. Environmental Conditions

A series of representative load cases (LCs) were selected to investigate the dynamic characteristics
of the ultra-large semi-submersible FOWT, the dynamic effects of mooring lines and the difference in
dynamic characteristics of 5 and 10 MW FOWTs, as shown in Table 6. In the LC4 and LC7 cases, a
turbulent wind field over a 200 X 200 m vertical plane centered on the rotor was generated in TurbSim
using IEC Kaimal spectra based on NTM (normal turbulence model) conditions and turbulence
category A. However, steady wind was selected for other load cases. The JONSWAP spectrum was
used to generate the irregular wave time series. As can be observed in Figure 4, the wind and waves
were correlated and directionally aligned in the positive X-direction.

Table 6. Definition of load cases.

Load Cases (LCs)  Wind Speed (m/s) Hs (m) Ty (s) Turbulence Intensity =~ Turbine Status

LC1 114 - - - operating
LC2 - 25 10.2 - operating
LC3 114 2.5 10.2 - operating
LC4 114 2.5 10.2 0.15 operating
LC5 18 2.5 10.2 - operating
LCé6 18 41 10.5 - operating
LC7 18 41 10.5 0.13 operating

4.2.2. Statistics of Motion Simulation Results for the 10 MW FOWT

Based on the environmental conditions in Table 6, the fully coupled time domain simulation of the
10 MW FOWT was conducted in different cases. Each simulation lasted 4200 s and corresponded to an

11
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hour dynamic analyses because the first 600 s were filtered to eliminate the startup transient effects. This
study only compared and analyzed the surge, heave, and pitch motion responses, which were critical for
the braceless semi-submersible FOWT. Table 7 summarizes the statistical values of the platform motion
responses. First, the steady-state responses of the integrated 10 MW turbine-platform-mooring system
in all the simulations are found to be in a reasonable range, such as the mean pitch angle is significantly
less than the design value of 10° [43]. Therefore, the initial design of the braceless semi-submersible
platform for the DTU 10 MW wind turbine by upscaling of the existing 5 MW platform design is
feasible. This provides a reference for the design of support platform of the ultra-large wind turbines.
However, more detailed adjustment of size and layout, strength checks for fatigue and ultimate limit
states, hydrodynamic performance and economic analysis of the braceless semi-submersible platform
need to be further implemented to hold the ultra-large wind turbines.

Table 7. Statistical results of the platform motions in different cases.

Mode Statistic LC1 LC2 LC3 LC4 LC5 LCeé LC7
Maximum 7.77 0.45 8.19 10.77 3.97 4.35 543

Surge (m) Minimum 7.72 -0.43 7.31 1.45 3.12 2.72 1.93
Mean 7.75 -0.01 7.76 6.09 3.53 3.53 3.52

STD 0.01 0.15 0.15 1.87 0.14 0.25 0.64

Maximum 1.14 1.61 1.43 1.52 1.55 1.84 1.91

Heave (m) Minimum 1.06 0.95 0.77 0.82 0.92 0.63 0.60
Mean 1.10 1.28 1.10 1.15 1.23 1.23 1.23

STD 0.03 0.11 0.11 0.12 0.11 0.18 0.21

Maximum 4.20 0.07 4.40 5.47 2.14 2.30 4.74

Pitch (°) Minimum 420 -0.36 3.99 1.01 1.74 1.63 -0.56
Mean 4.20 -0.14 4.20 3.38 1.94 1.94 2.04

STD 0.00 0.08 0.08 0.81 0.08 0.13 0.93

Additionally, the load effects of wind and wave were analyzed in detail by comparing the statistical
values of the system motions of the 10 MW FOWT subjected to the single wind loads, the single wave
loads, and the joint action of the wind-wave induced loads. The wind loads determine the mean value
of the system motions of the 10 MW FOWT. The standard deviation of the system motions of the 10 MW
FOWT are governed by the wave loads, which increase significantly when the wave height increases.
The extreme value of the system motions and the amplitude of its change increased significantly in
turbulent wind cases. At the rated wind speed case, platform responses are characterized by the large
mean value of surge and pitch motions owing to the maximum aerodynamic loads. However, the
mean value of the heave motion is slightly increased. This can be attributed to the 5° angle between
the rotation shaft of the rotor of the DTU 10 MW wind turbine and the horizontal plane. Additionally,
the low-frequency aerodynamic force in the rotor is a downward force in the vertical direction and
affected the mean value of the heave motion.

4.2.3. Comparative Analysis of the Motion Responses for the 10 MW FOWT

Analysis of Wind and Wave Load Effects of the 10 MW FOWT

The time histories of the system motions for different combinations of loads are illustrated in
Figure 9. In the single wind loads case (LC1), the surge motion is balanced at 7.75 m along the surge
direction after the integrated system of the FOWT reached the quasi-equilibrium state. In the single
wave loads case (LC2), the integrated system slightly vibrates at the initial position of the surge motion.
Under the joint action of the wind-wave induced loads (LC3), the integrated system vibrates around
an offset value of 7.76 m. Therefore, the wind loads determine the mean value of the surge motion, and
the wave loads mainly cause the oscillation of the surge motion, which determines the amplitude of
the system’s surge motion. Similarly, the same trend is observed in heave and pitch motions.

12
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Figure 9. Power spectra and time histories of the platform motions for different load cases. (a) Time
histories of surge motion; (b) power spectra of surge motion; (c) time histories of heave motion;
(d) power spectra of heave motion; (e) time histories of pitch motion; (f) power spectra of pitch motion.

In Figure 9, the power spectra of surge, heave and pitch motions are compared in two cases:

(a) with wave loads only, and (b) with joint wind-wave induced loads to observe and compare the
load effects of the wind and wave. Accordingly, the resonant response could occur if the excitation
frequencies are close to the natural frequencies of the system motions. Under the joint action of the
wind-wave induced loads, it can be found from Figure 9 that there is a large resonance response at the
surge natural frequency of 0.082 rad/s, the heave natural frequency of 0.226 rad/s and the pitch natural
frequency of 0.245 rad/s. In the single wind loads case, the surge, heave, and pitch motions are mainly
dominated by the wave frequency response and the wave frequency response for the wave only case is
significantly higher than those values for the wind-wave induced loads case, which is caused by the
positive aerodynamic damping induced by the wind loads. Furthermore, it can be observed that the
natural frequencies of the system motions differ considerably from the wave peak spectral frequency
so that the response energies excited by the wind-wave induced loads do not coincide in the frequency
range. This indicates that the wind and wave loads affect the system motions of the FOWT separately

in a decoupled way.
Comparison of Motion Responses of 10 MW FOWT for the Rated and Over-Rated Wind Speeds

The power spectra of the system motions of FOWT in the over-rated wind speed case (LC5) and in
the rated wind speed case (LC3) are compared in Figure 10. It can be observed that the surge and pitch
resonant responses are significantly increased in LC5 with the blade-pitch controller, while the heave
resonant response and the wave-frequency response of the system motions of FOWT have hardly
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changed. This resonant phenomenon is caused by negative damping from the blade-pitch controller in
the over-rated wind speed range, according to [44,45].
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Figure 10. Comparison of power spectra of motion responses for the rated and over-rated wind speeds.
(a) Power spectra of surge motion; (b) power spectra of heave motion; (c) power spectra of pitch motion.

Comparison of Motion Responses of the 10 MW FOWT for the Steady and Turbulent Wind

The time histories of surge motion under the steady and turbulent wind cases are compared in
Figure 11a,c. The system motions are highly oscillating in time owing to the turbulent effects, which is
consistent with the statistical results in Table 7. The maximum and standard deviation of the system
motions increased significantly. This is owing to the turbulent wind which acted on the rotor with a
time-varying longitudinal force and moments.
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The power spectra of surge motion between the turbulent and steady wind cases are compared in
Figure 11b,d. In the rated wind-speed case, Figure 11b shows that the turbulent wind loads excite the
natural frequencies of the rigid body’s surge and pitch motions, and the surge motion of the 10 MW
FOWT is mainly dominated by the low-frequency surge and pitch resonant responses. This can be
clearly explained as the turbulent wind has energy in the low-frequency region. However, there is no
obvious difference in the wave frequency response of the surge motion between the turbulent and
steady wind cases. Furthermore, the surge motion is also governed by the low-frequency component
above the rated wind speed case of the turbulent wind as indicated in Figure 11d. However, the
amplitude of the low-frequency resonant responses is reduced compared to those of the rated wind
speed case.

4.3. Dynamic Analysis of Mooring Lines for the 10 MW FOWT

4.3.1. Dynamic Analysis of Mooring Lines Based on the Dynamic Analysis Modeling

The dynamic analysis of the mooring line of the 10 MW FOWT based on a lumped-mass method
is carried out by using the FAST-MoorDyn module in the rated wind speed case (LC3). As shown
in Figure 12a, there is a significant difference between the tension responses of the downstream and
upstream mooring lines. This is observed since the Mooring line 1 (ML1) is the only mooring line
acting downstream. Consequently, the tension and fluctuating components of ML1 attained smaller
values than those of the Mooring line 2 (ML2) and the Mooring line 3 (ML3).
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Figure 12. Time histories and power spectra of mooring line tension response in the rated wind speed
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(LCS3) case. (a) Time histories of mooring line tension; (b) power spectra of mooring line tension.

Figure 12b illustrates the power spectra of mooring line tension response in the LC3 case.
The mooring system of the FOWT is mainly induced by the low-frequency, wave-frequency and
high-frequency components in the marine environment. The low-frequency components are related to
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slowly-varying platform motions primarily induced by low-frequency wind loads, such as surge, yaw
and pitch. At the same time, an obvious peak occurs at the surge natural frequency of 0.082 rad/s and
the pitch natural frequency of 0.245 rad/s, respectively. This indicates that there is a coupling effect
between the platform motions and the mooring line tension response. The wave-frequency component
is mainly caused by the action of the wave loads, and an obvious peak around the wave peak spectral
frequency of 0.616 rad/s exists. The high-frequency components are mainly induced by the elastic
response of the tower, which is excited by the harmonics of the wave loads [46].

4.3.2. Analysis of Dynamic Effects of Mooring Lines Based on Quasi-Static and Dynamic Models

In the process of the fully coupled analysis of the 10 MW FOWT, the mooring system was simulated
using the dynamic mooring module (MoorDyn) and the multi-segmented quasi-static mooring module
(MAP++) to study the dynamic effects of the mooring lines. The statistical results of the system
motions and tension responses for the LC3 case are listed in Table 8. It can be clearly observed that
the dynamic effects of the mooring lines do not significantly affect the mean values of motions, or the
tension responses of the 10 MW FOWT. However, the system motions and the mooring line tension
responses based on the dynamic (MoorDyn) mooring model yield larger standard deviations than
those elicited by the quasi-static (MAP++) model owing to dynamic amplification effects.

Table 8. Comparison of dynamic analysis of mooring lines for the LC3 case.

Mooring Line

Surge (m) Heave (m) Pitch (°) Tension (kN)
Mean STD Mean STD Mean STD Mean STD

Quasi-static 7.67 0.14 1.06 0.10 4.20 0.08 1025.58 2.52
Dynamic 7.76 0.15 1.10 0.11 4.20 0.08 1021.15 5.16

The power spectra of platform motion responses based on the dynamic (MoorDyn) and quasi-static
(MAP++) mooring models were compared, as shown in Figure 13. The peak values of low-frequency
resonant responses based on the quasi-static mooring model is significantly higher than that of dynamic
mooring model, especially for the surge and heave motions. However, there is no significant change
in the wave-frequency responses. Therefore, the dynamic effects of the mooring lines significantly
affects the low-frequency resonant responses of the platform motions, while the quasi-static mooring
model ignoring the dynamic effects of the mooring lines significantly overestimates the amplitude of
the low-frequency resonant responses.
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Figure 13. Comparison of motion responses based on the dynamic and quasi-static models. (a) Power
spectra of surge motion; (b) power spectra of heave motion; (c) power spectra of pitch motion.

Since the dynamic effects of the mooring lines have significant influences on the standard deviation
of the mooring line tension responses and the resonant response of the platform motions, the dynamic
effects of the mooring lines must be fully taken into account in the design of the mooring system of the
ultra-large FOWT so as to accurately check the fatigue and ultimate limit states of the mooring lines,
and to optimize the mooring system.

5. Comparison and Analysis of the Dynamic Characteristics of the 10 MW and 5 MW FOWT

The design data of a 5 MW braceless semi-submersible FOWT was listed in detail in [23], and the
same mooring system was used to investigate the difference in dynamic characteristics of the NREL
5 MW and DTU 10 MW FOWT under the joint action of wind-wave induced loads (LC3 and LC6)
due to the different in turbine properties. Then, a comparative analysis associated with the dynamic
characteristics of the 5 MW and 10 MW FOWT was conducted by FAST, including the main natural
frequencies, motion responses and structural dynamics.

5.1. Comparison of Natural Frequencies for the 5 and 10 MW FOWT

Free decay motion simulations were first conducted to study the resonant properties of the coupled
system of the FOWTs. Therefore, time histories of the surge decay test and main natural frequencies of
the coupled system of the 5 and 10 MW FOWTs were compared, as shown in Figure 8 and Table 5.
The surge motion of the 5 MW FOWT decays faster than that of the 10 MW FOWT, but the natural
frequencies of the six DOFs of the rigid body motions of the 5 and 10 MW support platforms are nearly
the same. Furthermore, the first-order natural frequency of the tower of the NREL 5 MW and DTU 10
MW FOWTs are significantly different.
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5.2. Comparison of Motion Responses for the 5 and 10 MW FOWT

The simulation results of the platform motions of the 5 MW FOWT are listed in Table 9, which are
compared with those of the 10 MW FOWT in the LC3 and LC6 cases (Table 7). The fluctuation of the
motion responses of the 5 MW FOWT is very obvious for the rated and over-rated wind speed cases,
but the mean value of the surge motion of the 10 MW FOWT is 29.1% and 19.3% higher than that of
the 5 MW FOWT, respectively, which indicates that the 10 MW FOWT needs the mooring system to
provide a larger surge restoring force to reduce the mean value of the surge motion. In addition, the 10
MW FOWT can offer large restoring forces and moments for the heave and pitch motions owing to
its large structural weight and buoyancy, but it also suffers from the greater wind and wave loads.
Accordingly, the mean values of the heave and pitch motions of the 10 MW FOWT are significantly
higher than those of the 5 MW FOWT for the rated and over-rated speed cases.

Table 9. Statistics of platform motions of the 5 MW FOWT.

Mode Load Case Maximum Minimum Mean STD

S LC3 6.65 5.40 6.01 0.21
urge (m)

LC6 4.06 1.86 2.96 0.36

Heave (m) LC3 0.78 0.00 0.34 0.15

LC6 1.27 -0.40 0.45 0.27

Pitch (°) LC3 3.24 2.69 2.97 0.09

LC6 1.54 0.54 1.04 0.17

Figure 14 shows a comparison of the power spectra of surge and pitch motion responses for the
NREL 5 MW and DTU 10 MW FOWTs in the LC3 and LC6 cases. The amplitude of the surge and pitch
resonant response of the 10 MW FOWT excited by the low-frequency wind loads is higher than that of
the 5 MW FOWT for the LC3 and LC6 cases, but the wave-frequency response of the surge and pitch
motion excited by the wave loads is obviously smaller. Therefore, it can be predicted that the excitation
of the low-frequency wind loads on the motion responses of the FOWTs becomes more prominent
from the relative proportions of low-frequency and wave-frequency kinetic energy of the 5 and 10 MW
FOWTs when the size of the wind turbine increases.
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Figure 14. Comparison of power spectra of platform motion responses. (a) Power spectra of surge
motion for the LC3 case; (b) power spectra of pitch motion for the LC3 case; (c) power spectra of surge
motion for the over-rated wind speed (LC6) case; (d) power spectra of pitch motion for the LC6 case.

5.3. Comparison of Structural Dynamics for the 5 and 10 MW FOWT

As shown in Table 10, a comparison of the structural dynamics of the DTU 10 MW and NREL 5
MW FOWT in the LC3 and LC6 cases was conducted for the out-of-plane blade-root bending moments
(RootMycl), the rotor thrust, the fore-aft force and bending moments in the tower base (TwrBsFxt
and TwrBsMyt) and the ML1 tension. Structural loads diagram of the FOWT system is presented in
Figure 15. The mean and maximum values of the structural loads of the 10 MW FOWT are more than
two times than those of the 5 MW FOWT for the LC3 and LC6 cases. In addition, the fluctuation of the
structure loads of the 10 MW FOWT is very significant, especially for the LC6 case with a relatively
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high significant wave height. This provides a future reference for the design, application, and the
reliability analysis for the ultra-large FOWT.

Table 10. Statistics of structural loads of the 5 and 10 MW FOWT.

Issue Load Case Turbine Maximum Minimum Mean STD
5 MW 11,030.00 8957.00 10,120.37 569.76
RootMycl LC3
(kN rr}i) 10 MW 31,700.00 26,910.00 29,577.44 1113.86
LC6 5 MW 6459.00 2655.00 4643.67 973.99
10 MW 15,980.00 9524.00 12,847.27 1935.73
LC3 5 MW 908.00 826.50 868.47 13.04
Thrust (kN) 10 MW 1984.00 1776.00 1878.32 33.15
LC6 5 MW 548.50 378.40 467.93 26.70
10 MW 1211.00 785.90 997.13 71.49
5 MW 1175.00 827.00 1009.70 54.94
TwrBsFExt LC3
(kN) 10 MW 2715.00 1990.00 2348.44 120.63
LC6 5 MW 724.40 163.60 454.64 92.06
10 MW 1731.00 518.70 1111.01 199.66
5 MW 87,030.00 63,910.00 76,202.47 3709.71
TwrBsMyt LC3
(kN-m)y 10 MW 259,600.00 191,000.00 224,712.38 11,288.86
LC6 5 MW 55,010.00 15,760.00 35,860.25 6316.27
10 MW 163,800.00 49,500.00 103,991.09 19,004.32
5 MW 418.20 378.60 396.81 3.28
ML1 tension LC3
(kN) 10 MW 1042.00 1003.00 1021.15 5.16
LC6 5 MW 582.70 388.00 492.56 6.61
10 MW 1431.00 1312.00 1368.16 9.17
Tower g
y’}O\\'El’
B TwrBsMyt
T B F _Ogl'O\\er ]
d i =
e el |V SWL

ML1 Tension

Figure 15. Structural loads diagram of the FOWT system.

Figure 16 depicts a comparison of the power spectra of RootMyc1 response for NREL 5 MW and
DTU 10 MW FOWTs in the LC3 and LC6 cases. It is readily apparent that the RootMyc1 response

22



J. Mar. Sci. Eng. 2019, 7, 169

of the 5 and 10 MW FOWTs are mainly stimulated by the 1P effect for the LC3 and LC6 cases, and
the stimulating of the 1P effect on the RootMyc1 response of the 10 MW FOWT is more obvious than
that of the 5 MW FOWT for the rate wind speed case. However, the excitation of the 1P effects on the
RootMycl response of 10 MW FOWT above the rated wind speed case is diminished. In addition,
the excitation of the wave loads on the RootMyc1 response of the 10 MW FOWT is prominent for the

LC3 and LC6 cases, but the excitation of the 3P effect on the RootMycl response of the 5 MW FOWT
is significant.
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Figure 16. Comparison of the power spectra of RootMyc1 response. (a) Power spectra of RootMyc1
response for the LC3 case; (b) power spectra of RootMyc1 response for the LC6 case.

Power spectrum analyses of the TwrBsMyt response for NREL 5 MW and DTU 10 MW FOWTs
were also performed in the LC3 and LC6 cases, as depicted in Figure 17. It demonstrates that the
TwrBsMyt responses of the 5 and 10 MW FOWTs are mainly dominated by the wave loads for the
LC3 and LC6 cases, and the amplitude of the TwrBsMyt responses of the 10 MW FOWT excited by the
wave loads is significantly higher than those of the 5 MW FOWT. Furthermore, the excitation of the 3P
effect on the TwrBsMyt response of the 5 MW FOWT is very prominent. However, the excitation of the
low-frequency wind loads and the tower elastic response on the TwrBsMyt response of the 10 MW
FOWT is significant, especially for the over-rated speed case.
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Figure 17. Comparison of the power spectra of TwrBsMyt response. (a) Power spectra of TwrBsMyt
response for the LC3 case; (b) power spectra of TwrBsMyt response for the LC6 case.

As shown in Figure 18, the downstream mooring line (ML1) was selected as the research object and
the comparison of the power spectra of ML1 tension response for NREL 5 MW and DTU 10 MW FOWTs
is demonstrated in the LC3 and LC6 cases. The most significant difference of ML1 tension response is
in the low-frequency and wave-frequency components. As the low-frequency resonant response of
the 10 MW FOWT induced by the wind loads is more significant, this results in a significantly higher
low-frequency component of the ML1 tension response for the 10 MW FOWT than that of the 5 MW
FOWT. By contrast, the excitation effect of the wave loads on the ML1 tension response for the 5 MW
FOWT is more significant, especially for the over-rated speed case with a relatively high significant
wave height. In addition, the 3P effect has a significant impact on the ML1 tension response of the 5
MW FOWT, but the elastic response of the tower has a more obvious stimulation effect on the ML1
tension response of the 10 MW FOWT.
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Figure 18. Comparison of the power spectra of Mooring line 1 (ML1) tension response. (a) Power
spectra of ML1 tension response for the LC3 case; (b) power spectra of ML1 tension response for the
LC6 case.

6. Conclusions

In this study, an initial design was performed by upscaling of an existing 5 MW braceless
semi-submersible platform design to support the DTU 10 MW wind turbines and the fully coupled
time domain simulation was conducted to investigate the dynamic characteristics of an ultra-large
semi-submersible FOWT under typical sea states. The influence of the dynamic effects of the mooring
line on the motions of the integrated motion responses of the FOWT was highlighted. Meanwhile,
the motion responses and structural dynamics of the DTU 10 MW and NREL 5 MW braceless
semi-submersible FOWTs were compared and studied. The conclusions drawn from the study can be
summarized as follows:

(1) The aerodynamic and wave loads induced motion responses differently and independently.
Specifically, in the case of turbulent wind, the low-frequency excitation of the wind loads
on the system motions should be more prominent so that the fluctuating components of the
system motions increase significantly. Additionally, the surge and pitch resonant responses are
significantly increased owing to the negative damping from the blade-pitch controller in the
over-rated wind case.

(2) The dynamic effects of the mooring line significantly reduced the low-frequency resonant
responses of the system motions but had minor effects on the mean values of the integrated
motion responses and the mooring tension responses. Accordingly, the integrated motion
responses and the mooring tension responses yielded large standard deviations owing to the
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dynamic amplification effects. This could provide a valuable reference for the safety evaluation
and the mooring line design of the ultra-large FOWT.

(3) With the increase in the turbine size, the integrated motion responses and structural dynamics
were significantly increased, but the integrated motion responses were in a reasonable range. This
showed the initial design of the support platform for the DTU 10 MW wind turbine by upscaling of
the existing 5 MW platform design is feasible. Correspondingly, the dynamic behaviors between
the motion responses and structural dynamics of the 5 and 10 MW FOWTs were significantly
different. It can be seen that the low-frequency excitations of the wind loads on the surge and
pitch motions, the tower-base fore-aft bending moments and the mooring line tension responses
of the 10 MW FOWT were more prominent than those of the 5 MW FOWT, but the 3P effect on
the structural dynamics of the 5 MW FOWT was significant.

In general, the studies conducted herein provided prominence to the feasibility of the application
of a braceless semi-submersible platform to hold the DTU 10 MW reference wind turbine for specific
environmental conditions. This provides a reference for the design and application of the ultra-large
FOWT in the future. However, if the braceless semi-submersible platform is used to support the
ultra-large wind turbines in practice, more design requirements such as the adjustment of size and
layout, detailed strength checks for fatigue and ultimate limit states, hydrodynamic performance and
economic analysis, and a long-term extreme analysis should be conducted in further study.
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Abstract: The dynamic characteristics of a bottom-fixed offshore wind turbine (OWT) under
earthquakes are analyzed by developing an integrated analysis model of the OWT. Further,
the influence of the interactions between the rotor and support system on the structural responses of
the OWT subjected to an earthquake is discussed. Moreover, a passive control method using a tuned
mass damper (TMD) is applied to the OWT to control the responses under earthquakes. The effects of
the mass ratio, location and tuned frequency of the TMD on controlling structural responses of the
OWT under different recorded seismic waves are studied.

Keywords: offshore wind turbine; earthquakes; motion control; integrated analysis model; TMD

1. Introduction

Earthquakes are potential risk factors for offshore wind farms in the coastal regions of China,
such as the Bohai bay. High capacity offshore wind turbines (OWT) will be constructed along the coast
of China in the next five years, where they may be subjected to high intensity earthquakes. Hence,
earthquake loads would be one of the dominant loads to consider for OWT designs in such regions.

Bazeos et al. [1], Witcher [2], Hénler et al. [3], Zhao and Maisser [4] adopted the suggested
load combinations in the OWT design standards of GL and DNV to perform the seismic analysis
of OWTs. Bazeos et al. [1] considered the pseudostatic aerodynamic loads suggested by Riziotis
and Madsen [5] and seismic loads in the stability analysis of the tower of wind turbines (WTs).
Witcher [2] applied the corrected aeroelastic interaction model of the WT to perform the analysis
under combined seismic and wind loads, and the states of the WTs under operation, emergency
shutdown, and parked cases were modelled. Hénler et al. [3], Zhao and Maisser [4] modelled the
soil-foundation interaction in the analysis and proved the importance of the higher mode shapes in
earthquake analyses.

Moreover, the dynamic model tests of the OWT under combined seismic, wind, and wave
loads were also performed by Prowell et al. [6,7], Zheng et al. [8], and Wang et al. [9,10].
Prowell et al. [6,7] investigated the responses of an OWT under seismic and wind loads, and proved
that aerodynamic damping can reduce the global response to some degree in the FA direction.
Zheng et al. [8] experimentally researched the interaction of seismic and wave loads, and recommended
that proper combinations of these loads should be applied in the seismic analysis of OWTs to obtain
realistic structural responses. Wang et al. [9,10] performed a series of model tests of OWTs under
combined seismic, wind, and wave loads, discovered the aerodynamic and hydrodynamic damping
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effects, and concluded that the aerodynamic and hydrodynamic loads may have comparable effects on
the responses when the peak ground acceleration (PGA) of the seismic excitation is small.

On the other hand, Penzien et al. [11] recommended that proper plastic response
should be considered in the seismic analysis of offshore structures. Therefore, Kim et al. [12],
Nuta et al. [13], and Sadowski et al. [14] investigated the inelastic response of OWTs under seismic
loads. Kim [11] performed the seismic fragility analysis of OWTs considering the non-linear effects of
soil-pile interaction and suggested that the applied ground motion should be calculated for each soil
layer to obtain equitable fragility curves of the structure. Nuta et al. [13] investigated the probability
of damage in tubular steel towers at varying seismic hazard levels, defined the fragility curves
of the towers by considering different damage states in the analysis, and proved that large safety
factors must be considered in the design against the phenomenon of overloading under seismic loads.
Sadowski et al. [14] researched the responses of the tower under seismic loads with respect to geometric
imperfections and discussed the influence of the imperfections on the capacity of the structure.

In the research on OWTs under seismic loads, the scholars gradually realised that proper structural
control strategies should be applied to the WTs to reduce the responses under earthquakes. Some
researchers have applied passive control methods using tuned mass dampers (TMDs), multiple tuned
mass dampers (MTMDs), and tuned liquid column dampers (TLCD) on the OWTs to reduce the
structural responses under the operating aerodynamic and hydrodynamic loads. In the studies of
Stewart and Lacker [15], an optimal TMD was mounted on the OWT to reduce the responses of fixed
and floating OWTs; however, the control effect of TMD was found to be insignificant on the monopile
OWT due to the discrepancies between the dominated frequency of the response under wave load
and the TMD'’s tuning frequency. Dinh and Basu [16] investigated the control effects of MTMD on
a spar-type floating OWT and proved that the damping of TMD is insignificant to the reduction of
structural responses, and the TMD should be tuned around the dominated frequencies of the structural
responses to achieve significant control effects. Colwell and Basu [17] conducted numerical analyses
and discovered that the fatigue life of the tower of OWT could be increased by the implantation of
TLCD on the structure.

In this paper, the structural responses of a Pentapod OWT under different seismic waves are
analyzed based on an integrated seismic analysis model in FAST to research the dynamic characteristics
of the OWT under earthquake loads. Subsequently, a TMD is mounted on the OWT with the intention
of reducing the structural responses under earthquakes. Finally, the influence of the TMD parameters
on the structural responses control of the OWT under different seismic waves are discussed.

2. Theories for the Seismic Analysis of OWT

2.1. Seismic Analysis of an Integrated OWT Model

Generally, the equation of motion for structures subjected to earthquake loads can be written
as follows:

i) + [CUfi(1)) + [KIue(8)) = ~[Mfig), M

where [M], [C], and [K] are the structural mass, damping, and stiffness matrices, respectively; {u ()},
{u (t)}, and {u(t)} are the vectors of structural acceleration, velocity, and displacement, respectively;
and {u g} is the vector of input ground acceleration.

For the seismic analysis of OWTs, the rotor and nacelle are commonly simplified as concentrated
masses in Equation (1), hence the flexibility of the rotor and interaction between the rotor and support
system are neglected. To compute response of OWTs more accurately, an integrated coupling analysis
model suitable for computing responses of OWTs subjected to earthquakes is suggested. Based on the
combined modal and multibody dynamics formulation, the model of rotor nacelle assembly (RNA) is
established by twelve degrees of freedom (DOFs). The flexibility of the drive-shaft system is modelled
by three DOFs; nine DOFs are used to model the motion of the rotor system in the flapwise and

30



J. Mar. Sci. Eng. 2019, 7,224

edgewise directions, respectively [18]. Hence, the interactions of the rotor, servo, and support system
are taken into account in the updated seismic analysis of OWTs.

Significantly different from the wind and wave loads, earthquakes are typical wide-band stochastic
processes. A seismic module is added to the coupled model of the OWT under wind and wave
loads in FAST, as shown in Figure 1. FAST is a time-domain numerical tool to capture the coupled
aero-hydro-servo-elastics response of OWTs. According to Figure 1, it can be seen that the FAST is mainly
consist of AroDyn, HydroDyn, ServoDyn, ElastoDyn and SubDyn modules for the coupled analysis of
bottom fixed OWTs. AeroDyn and HyoDyn is the aero- and hydro-dynamics module, respectively.
The mechanical control strategies of the OWT shall be implemented in the ServoDyn module, such as
the variable speed control, blade pitch control and the emergency shutdown. The responses of the
blades and the tower shall be analyzed based on the ElastoDyn module. Meanwhile, the finite element
model of the substructure of the bottom fixed OWT is established in the SubDyn module by the linear
beam element.
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Figure 1. Recompiled integrated seismic analysis model of offshore wind turbine (OWT) in FAST.

For the recompiled FAST with the seismic module, the earthquakes can be the user-provided input
or the synthetically generated time histories based on the suggested earthquake response spectrum.
The user input seismic waves can be supplied in terms of acceleration, velocity or displacement. For the
synthetic time histories, the artificial seismic wave is generated based on the user specified parameters.
The earthquakes can be applied in any combination of three directions specified in the global coordinate
system as shown in Figure 2, such as the two horizontal and one vertical direction.

Figure 2. The global coordinate system in FAST.

The procedure for the coupled analysis of OWTs can be summarized as follows.
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In procedure 1, the seismic module receives the parameters of the numerical model of the OWT,
such as the mass of the rotor blades, tower, and substructure, from the ElastoDyn and SubDyn modules
of FAST.

In procedure 2, the seismic module reads the histories of the recorded seismic waves or synthesised
seismic waves according to the parameters in the input files.

In procedure 3, the seismic module calculates the relevant seismic loads and delivers it to the
ElastoDyn module of FAST at every time step when the simulation time reaches the threshold time of
earthquake occurrence.

2.2. Integrated Model of OWT for Seismic Analysis

The reference OWT structure is redesigned by combined the NREL 5-MW baseline WT [19] and a
practical Pentapod OWT substructure constructed in the eastern coastal regions in China as shown
in Figure 3a. The rating power of the practical OWT is identical with the NREL 5 MW baseline WT.
The sectional geometries of the tower such as both the diameter of the tower of the practical and
baseline wind turbine are also same. So the Pentapod substructure of the practical OWT can be directly
applied to the baseline wind turbine, as shown in Figure 3a. While the height of the substructure is
redesigned in order to satisfy the hub height of the baseline wind turbine, and the dimensions of the
redesigned Pentapod is shown in Figure 3b,c. Meanwhile, the dynamic characteristics and ultimate
capacities of the reference OWT is checked based on the DNV GL standards [20] in order to ensure the
safety of the structure.

Further, the integrated coupling analysis model of the reference OWT is established in FAST with
the updated Seismic module. The schematic diagram of the fully coupled analysis model under the
seismic loads is shown in Figure 4.

PILE TOPy,-12

MUDLINE _-23.45
ol + 210

(a) Practical Pentapod substructure (b) Vertical view (c) Plan view

Figure 3. Dimensions of the reference OWT.
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Figure 4. Schematic of the integrated analysis model of the reference OWT under earthquakes.
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2.3. Load Cases for Seismic Analysis of OWT

Presently, the semi-integrated analysis method is widely adopted to design and check OWT on the
base of the linear combination of seismic, wind and wave loads recommended by the DNVGL [21] and
IEC [22] standards, indicating that the interactions of seismic, wind and wave loads are neglected.
However, an integrated model of OWT under earthquakes is established to carry out sophisticated
analysis in the paper. Then, the dynamic response of a parked OWT with multi-year mean water level
under seismic excitations is studied in order to reveal the dynamic characteristics of the structure
under the seismic cases, as shown in Figure 4.

As listed in Table 1, the dynamic characteristics and structural responses of the OWT in the
standstill condition under the recorded seismic waves are investigated. Based on the geological
conditions, requirements of the standards [22], and the seismic fortification intensity of the offshore
wind farm, the parameters of the recorded seismic excitations are determined and applied in the
integrated analysis of OWTs. Figure 5a shows the acceleration time histories of the selected seismic
excitations, such as the El Centro, Taft, Northridge, and Chichi waves. From the figure, it can be
observed that the Chichi wave has the largest peak ground acceleration (PGA), which is 0.37 g.
The Fourier amplitudes of the selected seismic waves are shown in Figure 5b. The Figure demonstrates
that the seismic excitations comprise of abundant frequency components in the range of 0.1-10 Hz,
which includes the lower natural frequencies of general offshore structures.

The seismic excitations listed in Table 1 are applied in the F-A direction which is consistent with
the X axis in the global coordinate system as shown in Figure 2.

Table 1. Load cases for the seismic analysis of offshore wind turbine (OWT).

Seismic Waves PGA (g) State Winds and Waves  Seismic Direction
El Centro 0.21 Parked - In F-A direction
Taft 0.16 Parked - In F-A direction
Northridge 0.13 Parked - In F-A direction
Chichi 0.37 Parked - In F-A direction
[ Bl Centro Taft 030 El Centro Taft
4+ Northridge Chichi —— Northridge -~ Chichi
sl 025}
(= ~020F |
E 1 E i
g O 5
Bl E
Bl £
250 E
-4+ -
oS 0S 005 00 3 a0 0 1 2 3 4 5 6 7 8 9 10
Time (s) Frequency (Hz)
(a) Time histories (b) Fourier amplitudes

Figure 5. Measured seismic excitations.

3. Structural Responses of the OWT under Seismic Loads

3.1. Dynamic Characteristics of OWT

The fully coupled analysis model of the reference OWT is created in FAST based on the parameters
of the NREL 5-MW baseline WT and the geometries of the Pentapod substructure. An equivalent pile
model is used to model the pile-soil interaction in the fully coupled analysis model. The length of the
equivalent pile is assigned as 18.26 m, which is 8.3 times the pile diameter, based on the similarity of
the fundamental frequency. Dynamic characteristics of the fully coupled model are analyzed by the
free-decay testing method.
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The free-decay testing method is an extensively used method to calculate the natural frequencies
of structures. Based on the free-decay testing method, an initial displacement or rotation angle of the
structure shall be designated, then the natural frequencies of the structure can be determined based on
the Fourier amplitudes or power spectral density functions of the decayed histories of the structural
displacement or acceleration.

During the study, an initial displacement is designated at the blade tip, tower top and tower base,
respectively. The natural frequencies of the blades and the integrated structure are derived based on
the decayed accelerations of the blades and the tower. Figure 6 shows the Fourier amplitudes of the
decayed histories of the blade tip and tower accelerations, and the corresponding analysis results are
listed in Table 2.
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(a) Fourier amplitudes of the blade tip acceleration (b) Fourier amplitudes of the tower acceleration
Figure 6. Free decay test of the reference OWT.

Table 2. Natural frequencies of the integrated analysis model of the reference OWT in FAST.

Order of the Frequency Values (Hz) Note
1st OWT 0.305 In F-A direction
1st Flap 0.690 First blade collective flap mode

2nd OWT 0.742

3rd OWT 1.544 In F-A direction

4rd OWT 1.824

2nd Flap 2.029 Second blade collective flap mode
5th OWT 2.521

6th OWT 3.640 In F-A direction

7th OWT 4.620

3.2. Acceleration Responses

In this section, comparisons of tower accelerations under different types of seismic excitations are
carried out. The recorded El Centro and Taft seismic waves were applied to the parked OWT along
the FA direction, which is perpendicular to the rotating plane of the OWT. Moreover, the threshold
time for the activation of the seismic loads was considered in the analysis to account for the stochastic
nature of the seismic waves. The threshold value was 150 s for the seismic analysis of a parked OWT,
and the total simulation time was 400 s.

Variations in the dynamic amplification factors (DAFs) with the height of the tower under different
seismic excitations are recorded, as shown in Figure 4, to investigate the influence of the seismic
excitation type. The DAF under earthquake loads can be expressed as Equation (2).

PSA
DAF ~TCA )
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where PSA is the peak acceleration response at a location, e.g., the maximum or minimum values of
the acceleration time histories at the nacelle; PGA is the peak ground acceleration, e.g., the PGA of El
Centro seismic wave = 0.21 g, as shown in Figure 5a.

Compared to the other seismic waves, the Northridge seismic wave stimulates the maximum
DAFs along the height of the tower, as shown in Figure 7, and the maximum DAF under the Northridge
wave is about 6.36, as listed in Table 3, at an elevation of 60 m on the tower. Statistics of the acceleration
time histories at the tower top and the maximum tower accelerations corresponding to the maximum
DAFs under different seismic waves are listed in Table 3. It can be observed that the Chichi seismic
wave stimulates the maximum tower acceleration due to its high PGA. On the other hand, the PGA of
the Northridge seismic wave is comparatively smaller than that of the El Centro and Chichi seismic
waves; however, it stimulates significant accelerations at the tower top, comparable to the responses
under the El Centro and Chichi seismic waves.

80 -
70 + \
:E: 60 -
ER
=
S40f
= 30
—&— El Centro
20 F —o— Taft
—A— Northridge
10k —®— Chichi
0 5 6 7 8

Figure 7. Dynamic amplification factors (DAFs) along the tower height under seismic excitations.

Table 3. Maximum values of the nacelle and tower acceleration time histories.

Seismic Excitations
Maximum Values

El Centro Taft Northridge Chichi
Peak ground acceleration (PGAs) (m/s?) 2.06 1.57 1.27 3.63
Nacelle acceleration (NAAs) (m/s?) 1.58 0.97 0.75 2.87
DAF of NAA 0.77 0.62 0.59 0.79
Acceleration at the tower top (TTAs) (m/s?) 4.66 2.82 6.84 7.28
DAF of TTA 2.26 1.80 5.39 2.01

Maximum acceleration along the height of the

tower (MTAS) (m/s2) 5.82 3.62 8.08 9.29
DAF of MTA 2.83 2.31 6.36 2.56

The dynamic characteristics of the accelerations at the tower top and the maximum tower
accelerations are illustrated in Figure 8. The following results can be obtained:

(1) Other than the first two natural frequencies of OWT, the higher-order frequency components
dominate the tower accelerations under earthquakes, especially for the Northridge seismic wave.

(2) For the nacelle accelerations of the OWT under seismic excitations, the responses are mainly
dominated by the first two natural frequencies of the OWT.

(3) Under the El Centro and Taft seismic waves, the fifth natural frequency of the OWT dominates
the tower accelerations, as shown in Figure 8a,b.

(4) Figure 8c demonstrates that the higher-order frequency components are stimulated under the
Northridge seismic wave, which influence the tower accelerations significantly.

(5) Under the Chichi seismic wave, the influence of the first three natural frequencies of the OWT on
the tower accelerations is non-negligible, as shown in Figure 8d.
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Figure 8. Fourier amplitudes of nacelle and tower accelerations under seismic excitations.

From these comparisons, the dominant frequencies of tower accelerations are found to vary
significantly due to the aforementioned differences between the seismic waves.

3.3. Mudline Bending Moment

Figure 9a,b show the mudline bending moments under different seismic excitations. Compared
to the other three seismic excitations, it can be seen that the Chichi seismic wave stimulates the
largest bending moments, which can be attributed to the significant PGA of the Chichi seismic wave.
The dynamic characteristics of bending moments in the frequency domain are shown in Figure 9¢,d.
Different results can be found by comparing them with the dynamic characteristics of the tower
accelerations. The second mode shape of the OWT dominates the bending moments, unlike the
responses of the tower accelerations shown in Figure 7. Moreover, for the Chichi seismic wave,
the influence of the blade’s first flap mode of the rotor system cannot be neglected, as shown in
Figure 9d.
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Figure 9. Mudline bending moments under seismic excitations.
4. Vibration Control of OWT using TMD

4.1. Governing Equation of Motion of OWT with TMD

During the study, a TMD is added to the tower of the OWT based on the released TMD
module [23] in FAST. So the passive control method of TMD is applied to control the response of OWT
under the seismic cases, as shown in Figure 1. The coupled governing equation of motion of OWT
with TMD under earthquakes can be written as:

Mifii(6)} + [Cfi(8))} + [K){u(8)) = () Crvpierp + Krmptrwp) = —[Mifiig) 3)

Mrvpiitmp (t) + Crvpirvp () + Krvprvp () = =Mrmptiowt (1), (4)

where M1vp, Crvp, and Kryp are the mass, damping, and stiffness of the TMD, respectively; { tiryp () },
{urmp (1)}, and {upvp (t)} are the parameters of TMD's acceleration, velocity, and displacement,
respectively; {E} is a unit vector that represents the location of the TMD on the OWT; and uowr(t) is
the corresponding velocity of the OWT with respect to the location of the TMD.

The selection of parameters of TMD will determine control effect on the OWT responses under
earthquakes. The optimal design standards of TMD suggested by Zhou [24] and Connor [25] can be
expressed as Equations (5) and (6).

Nl—

~ (1+05um)
opt — (1 i Mm) (5)
Copt =05 \/H_mr (6)
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where f opt is the optimized frequency ratio of TMD, fopt = fTmp/f owT; fTMD is the tuning frequency of
TMD; fowr is the selected natural frequency of OWT; pp, is the mass ratio, um = Mtmp/MowT; MowT
is the mass of OWT; and Copt is the optimized damping ratio of TMD.

Then, the parameters of TMD can be calculated by pim, fopt and Copt based on Equations (7)—(9).

M1mp = i - MowT @)
frmp = foptfowr; Krmp = Mrwp (27 frmp) (8)
Crmp = 4mCopt frMmDMTMD- 9

4.2. Design of TMDs for OWT under Earthquakes

The parameters of the tuning frequency, locations and mass are essential for designing TMD.
According to the dynamic characteristics of the Pentapod OWT under earthquakes, the first two natural
frequencies of the OWT which are the dominant frequencies of the tower accelerations and mudline
bending moments, are designated as the tuning frequencies of TMDs. Meanwhile, the nacelle and
the tower base were selected as the alternative locations for TMDs, as shown in Figure 10. Further,
the mass ratios such as 1%, 2% and 3% were selected to determine the optimized parameters of TMD
in Equations (5) and (6). The upper limit of the TMD’s mass ratio was selected as 3%, which is a
recommended value for the motion control of offshore structures under earthquakes by Zhou [24].
Table 4 lists the calculated parameters of the TMD based on the optimal design formulas and the
suggested mass ratios. As listed in Table 4, the tuning frequency of TMD is slightly different from the
selected natural frequency of OWT due to the influence of fopt, such as the tuning frequency of TMDO1
is 0.303Hz, and the corresponding natural frequency of OWT is 0.305 Hz.

Table 4. Optimized parameters of tuned mass dampers (TMD) for the vibration control of OWT under

seismic excitations.

Optimised Parameters Parameters of TMD T™D
TMD No. (%) f C MtMmD fr™MD Ktvmp CtMmD Location
Hm opt opt (kg) (Hz) (N/m)  (N/ms1)

TMD 01 1.0 0.993 0.05 14,897 0.303 52,148 2787

TMD 02 2.0 0.985 0.07 29,795 0.300 102,769 7826 Nacelle
TMD 03 3.0 0.978 0.09 44,692 0.298 151,923 14,272

TMD 04 1.0 0.993 0.05 14,897 0.303 52,148 2787 T
TMD 05 2.0 0.985 0.07 29,795 0.300 102,769 7826 swer
TMD 06 3.0 0.978 0.09 44,692 0.298 151,923 14,272 ase
TMD 07 1.0 0.993 0.05 14,897 0.736 311,315 6810

TMD 08 2.0 0.985 0.07 29,795 0.734 613,518 19,120 Nacelle
TMD 09 3.0 0.978 0.09 44,692 0.726 906,962 34,871

TMD 10 1.0 0.993 0.05 14,897 0.736 311,315 6810 .
TMD 11 2.0 0.985 0.07 29,795 0.734 613,518 19,120 Swer
TMD 12 3.0 0.978 0.09 44,692 0.726 906,962 34,871 ase
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Figure 10. Schematic of the alternative locations for the tuned mass dampers (TMD) mounted on
the OWT.

Table 5 lists the load cases used for investigating the influence of TMD parameters on the reduction
in the structural responses of the OWT under seismic excitations. To investigate the influence of PGA
on the control effects of TMD, El Centro seismic waves with different PGAs are also considered as cases
T1-T48, as listed in Table 5.

Table 5. Load cases for the vibration control of OWT under earthquake load.

Case No. Seismic excitation State of OWT TMD No.
T1-T12 El Centro (0.1 g) TMDO01-12
T13-T24 El Centro (0.15 g) TMDO01-12
T25-T36 El Centro (0.2 g) TMDO01-12
T37-T48 El Centro (0.4 g) Parked TMDO01-12
T49-T60 Taft TMDO01-12
T61-T72 Northridge TMDO01-12
T73-T84 Chichi TMDO01-12

4.3. Influence of Seismic Waves with Varying PGAs on Vibration Control

4.3.1. Control Effect of TMD on the NAA

According to the dynamic characteristics of nacelle acceleration (NAA) under the El centro seismic
wave shown in Figure 8, the frequency component of 0.305 Hz and 0.742 Hz is discovered to be the
dominant frequencies of the response which is the first two natural frequencies of OWT, respectively.
Meanwhile, the influence of the second order natural frequency is discovered to be more prominent.

So the reduction of the nacelle acceleration under such seismic case achieved by the TMD with
the tuning frequency of the second natural frequency of the OWT is presented in order to investigate
the effectiveness of TMD, such as the reducing of the structural responses achieved by TMD10-TMD12.
On the other hand, in order to research the influence of the PGA of seismic waves on the control effect
of TMD, El Centro seismic waves with different PGAs are also applied to the model. The reduction
in the NAA time histories are illustrated in Figure 11, it can be seen that TMD10 reduces the NAA
significantly under the El Centro seismic wave of PGA 0.1 g. With the increase in the PGA, the control
effects of TMD decreases, as shown in Figure 11b; however, the reduction in NAA is still prominent.

Further details on the influence of the PGA on the control effect of TMD can be understood from
Figure 12. Variations in the statistics of NAAs controlled by TMD01-03 and TMD10-12 under El Centro
seismic waves with varying PGAs are shown in Figure 11, which tuning frequency is the fundamental
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and second order natural frequency of the OWT, respectively. The term reduction ratio in the Figures
can be defined as,
(Statistics — StatisticsTmp )

Statistics

Reduction ratio =

x 100% (10)

where Statistics is the maximum or minimum value or the standard deviation of the structural responses
of the OWT without TMD and Statisticstyp is the corresponding maximum or minimum value or
standard deviation of the responses reduced by the TMD.
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Figure 11. Reduction in nacelle acceleration (NAA) by TMDs under El Centro seismic wave.

Initially, the ineffectiveness of TMDO01 can be observed from the slight reduction in the statistics,
as shown in the Figure 12. TMDO3 is found to be more effective in reducing the maximum values
when the PGA of the El Centro seismic wave is 0.1 g, as shown in Figure 12a. However, the control
effects of TMDO03 decrease significantly with the increase in the PGA of the El Centro seismic wave;
e.g., the reduction ratios of TMDO03 for the maximum values of NAAs are 12.8% and 9% under the
El Centro seismic waves of PGAs 0.1 and 0.4 g, indicating that the control effects of TMDO03 weaken
remarkably with the increasing of the PGA of El Centro seismic wave.

Further, Figure 12b demonstrates that TMD10-12 are more efficient in reducing the standard
deviations of NAAs, and the maximum reduction ratio of the standard deviations of the responses
exceeds 40%. Influence of the PGAs of seismic waves can also be discovered for such effective TMDs

that the reducing ratio of TMD10 decreases to only 29% under the El Centro seismic wave with the
maximum PGA.
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Figure 12. Reduction ratios of NAAs by TMDs under El Centro seismic wave.
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4.3.2. Control Effect of TMD on the Mudline Bending Moment

The influence of the PGAs on the control effect of bending moment is studied in this section.
Figure 13 illustrates the reduction in the time histories of bending moments under El Centro seismic
waves of PGAs 0.1 and 0.4 g.
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Figure 13. Reduction in bending moments by TMDs under El Centro seismic wave.

For TMD10, the bending moments under load case T10 (El Centro 0.1 g) and T56 (El Centro
0.4 g) is decreased significantly. Further detailed comparisons are depicted in Figure 14, based on
the reduction in the statistics achieved. It can be observed that the control effects of TMD10 and 11
are sensitive to the variations in PGA. The reduction ratios of the maximum values is comparatively
smaller than that of standard deviations, which can exceed 50%. Meanwhile, the reduction ratios of
TMDO01 decrease significantly under the El Centro seismic wave of the highest PGA, and the control
effects cannot be improved even by increasing the mass of the TMDs under such seismic excitations.
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Figure 14. Reduction ratios of bending moments by TMD under El Centro seismic wave.

4.4. Influence of the Seismic Excitations on Vibration Control

4.4.1. Control Effect of TMD on NAA under Different Seismic Excitations

Figure 15 illustrates the reduction in NAAs by the TMD under different seismic excitations. It can
be seen that the reduction in NAA by TMDO1 is rather insignificant under the Northridge seismic
waves, unlike that under the Chichi seismic waves, as shown in Figure 15a,c. Significant decrease
in the NAA is achieved by TMDO07 under the Northridge seismic wave, as shown in Figure 15b.
The comparison of Figure 15¢,d indicates that the control effects of TMDO01 and 07 under the Chichi
seismic wave are nearly identical.
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From the above discussions, it can be seen that the type of the seismic wave influences the control
effect of TMD significantly, which can be attributed to the characteristics in the frequency domains
of the responses. For the NAA under the Northridge seismic wave, the dominant frequency of the
response is the second natural frequency of the OWT. However, the nearly identical control effects of
TMDO1 and 07 under the Chichi seismic wave can be attributed to the comparable influence of the first
two natural frequencies on the NAA under the Chichi seismic wave, as shown in Figure 8.

Figure 16 compares the effectiveness of TMD1-12 under the listed load cases of Table 5 based on
the reductions in the maximum values and standard deviations of the bending moment time histories.
As shown in Figure 16, using TMD, diverse control effects of the OWT under different types of seismic
excitations are observed; however, the effectiveness of the TMD in reducing the standard deviations
are reserved, especially for the Taft seismic wave. The reduction ratio of standard deviations of the
NAAs under the Taft seismic wave nearly reaches to 55%. Although TMDO02 and 03 marginally reduce
the responses under the El Centro seismic wave, remarkable reduction ratios are obtained under the
Chichi seismic wave. Furthermore, Figure 15 illustrates that TMD07-09 can reduce the statistics under
the Taft and Northridge seismic waves significantly, while a more drastic reduction is found under the
Chichi seismic wave.
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Figure 15. Reduction in NAAs by TMDs under different seismic excitations.
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Figure 16. Reduction ratios of standard deviations of NAAs by TMDs under different earthquakes.
4.4.2. Variations in Bending Moments by TMD under Different Seismic Excitations

Reduction in mudline bending moments by TMD under different seismic excitations is shown
in Figure 17. Trends similar to the control effects of TMDO01 and 07 on the accelerations at the tower
top can be found for the reduction in bending moments under the Chichi seismic wave. The obvious
control effect of TMD10 on the bending moments under the Northridge seismic wave can be observed
from Figure 17b, indicating that the tuning frequency of TMDO07 is the dominant frequency of the
response under that excitation. On the other hand, limited control effect of TMDO1 is observed in
Figure 17a due to the significant discrepancies between the tuning frequency of TMD and the dominant
frequency of bending moments under the Northridge seismic wave. Furthermore, the reduction in the
bending moments in Figure 17d is more distinct than the results in Figure 17c, especially in the periods
of 190-250 s, indicating that under the Chichi seismic wave, more energy is captured by the second
natural frequency of the OWT, as shown in Figure 9d, which is the tuning frequency of TMDO7.
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Figure 17. Reduction in bending moments by TMDs under different seismic excitations.
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Variations in reduction ratios of bending moment statistics by TMD under different seismic
excitations are displayed in Figure 18. From the figure, it can be seen that TMD10-12 are more effective
in reducing the standard deviations of the bending moments under the Taft and Northridge seismic
waves, and the maximum reduction ratio exceeds 60%. Reduction ratios decrease significantly under
the Chichi seismic wave because the first two natural frequencies are both dominant frequencies of the
bending moments. Only one TMD designed with one tuned frequency such as the first or the second
order frequency of the OWT is installed in the OWT, which is not effective for controling the response
with more than one dominant frequency.
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Figure 18. Reduction ratios of standard deviations of bending moments under earthquakes by TMD.

4.5. Influence of TMD’s Mass Ratio on Vibration Control

4.5.1. Influence of TMD’s Mass Ratio on the Reduction in NAAs

TMDs with different mass ratios such as 1% (TMD04, 07, 10), 2% (TMD05, 08, 11) and 3% (TMDO6,
09, 12), are also considered in the study to analyze the effects of mass ratios on their control effects.
Figure 19 illustrates the reduction in NAAs by TMD10 and 12 under the Taft and Chichi seismic waves.
From the Figure, it can be seen that the improvements in the control effects obtained by increasing
the mass of the TMD are trivial, though the mass ratio of TMD12 is increased threefold than that of
TMDI10, as listed in Table 4.
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Figure 19. Reduction in NAAs by TMDs under Taft and Chichi seismic waves.

Figure 20 shows the variation of reduction ratio with respect to mass ratio of TMD. For the effective
TMD, it is found that the achieved reduction ratios can be improved by increasing the mass ratios,
however, an increase in the mass ratio of TMD cannot result in a proportional increase in the reduction
ratio. From Figure 20b, the reduction ratio of the standard deviations of NAAs under the Taft seismic
wave is 43.2% for TMD10 with 1% mass ratio and 52.4% for TMD12 with 3% mass ratio. Increment
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in the reduction ratio is only 9.2%, while the mass of the TMD is triple. For the ineffective TMD,
such as for TMD04-06; it can be seen that improvements cannot be obtained in the reduction ratios by
an increase in the mass ratios, such as for the reduction in the maximum values of NAAs shown in
Figure 20a.
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Figure 20. Reduction ratios of statistics of the NAAs under Taft seismic waves.
4.5.2. Influence of TMD’s Mass Ratio on the Reduction in Bending Moments

Influence of TMD with increased mass on the reduction in bending moments under the Taft and
Chichi seismic waves can be observed from Figure 21. The results similar to the reduction in NAAs
under the same load cases can be obtained for the reduction in bending moments. The expected control
effects cannot be achieved only by increasing the mass ratios of the TMD, especially under the Chichi
seismic wave.
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Figure 21. Reduction in bending moments by TMDs under Taft and Chichi seismic waves.

The influence of TMD’s mass ratio on the reduction in bending moments can be observed from
Figure 22. Remarkable control effects of TMD10-12 on the standard deviations of bending moments
under the El Centro, Taft, and Northridge seismic waves can be found. The reduction ratio of the
standard deviations by TMD10 and 12 under the Taft seismic wave were 51.8% and 61%, respectively.
However, the achieved increment in the reduction ratio of bending moments was only 9.2% for a triple
increase in the mass ratio of TMD.
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Figure 22. Reduction ratios of statistics of bending moments under Taft seismic waves.

4.6. Influence of TMD'’s Location on Vibration Control

4.6.1. Influence of TMD’s Location on the Reduction of NAAs

As shown in Figure 23, TMDO08 and 11 are selected to demonstrate the influence of TMD’s location
on its control effects. It can be observed that the TMD mounted at the nacelle (TMDO08) or tower base
(TMD11) decreases the NAAs under the Northridge seismic wave remarkably, as shown in Figure 23a.
Meanwhile, according to Figure 22b, the control effects are limited by comparing with the reducing of
the NAAs under the El Centro seismic wave, but the comparable control effects of the selected TMDO08
and 11 under the Chichi seismic wave still can be discovered. So the nacelle and tower base would be
the alternative optimal locations for the TMD to control the NAAs under such seismic waves.
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Figure 23. Reduction in NAAs by TMDs under Northridge and Chichi seismic waves.

The reduction ratios of standard deviations of NAAs are illustrated in Figure 24. From Figure 24a,
the reduction ratios of the standard deviations for the TMD installed at tower base or nacelle under the
Northridge seismic wave are close for the corresponding cases such as TMD07 and 10, TMDO08 and
11, TMDQ9 and 12. So the control effects are approximately same for the selected TMD’s locations.
According to Figure 24b, the reduction ratios of the standard deviations are different. For the
corresponding cases, the reduction ratios achieved by TMDO08 and 11 under such seismic case are about
15.6% and 23.4%, respectively. Hence, the tower base is a more appropriate location than the nacelle
for mounting the TMD under the Chichi seismic wave.
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Figure 24. Reduction ratios of the NAAs under Northridge and Chichi seismic waves.
4.6.2. Influence of TMD’s Location on Reduction in Bending Moments

The influence of TMD’s location on the reducing of the bending moment under the Northridge
and Chichi seismic wave is shown in Figure 25. According to the comparisons shown in Figure 25a,b,
it can be seen that approximately identical with the reducing of the nacelle accelerations under the
selected seismic waves, the comparable control effects of TMD 08 and 11 on the bending moment
under such seismic cases are also observed.
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Figure 25. Reduction in bending moments by TMDs under Northridge and Chichi seismic waves.

Meanwhile, the reduction ratios of the relevant statistics under such seismic cases by TMDs
with varying locations are shown in Figure 26. From Figure 26a, the reduction ratios of the standard
deviations of the response under the Northridge seismic wave achieved by TMDO08 and 11 are about
27.2% and 39.7%, respectively. The reduction ratios of the standard deviations achieved by TMD09
and 12 are about 26.6% and 42.4%, respectively. Thus, the tower base is the more feasible location for
the control of the mudline bending moment by TMD under such seismic wave.

Similarly, under the Chichi seismic wave, the location of TMD07-09 improved the reduction in
the bending moment, as shown in Figure 26b. The reduction ratios of standard deviations achieved
by TMD11 is about 18.6%, which increased approximately 6.2% by changing the location of TMD
from nacelle for TMDO08 to the tower base. So the locations of the TMD influence the control
effects significantly.

Therefore, both the nacelle and tower base are the appropriate places to mount the TMD to control
the motion of the OWT under earthquakes. Furthermore, the control effects of the OWT response by
TMDs mounted at the tower base are better than the ones at the nacelle.
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Figure 26. Reduction in bending moments under Northridge and Chichi seismic waves.

4.7. Influence of TMD’s Tuning Frequency on Vibration Control

4.7.1. Influence of TMD’s Tuning Frequency on the Reduction in NAAs

The tuning frequency of TMD is another essential parameter that should be emphasised in the
design of TMD. TMD:s listed in Table 4 are selected to perform the investigation on the influence of
TMD'’s tuning frequency on its control effects. From the table, the TMDs are divided into two categories
by the tuning frequencies. One is that the tuning frequency is the fundamental frequency of the OWT
such as TMD01-03 and TMDO07-09; the other is that the TMDs designate the second order natural
frequency of the OWT as the tuning frequency such as TMD04-06 and TMD10-12.

The influence of the tuning frequency on the control effects of OWT under earthquakes are shown
in Figure 27. The significant discrepancies of the control effects between the TMDs with different tuning
frequencies is observed. From Figure 27a, the control effects of TMDO03 under El Centro seismic wave
improved significantly by changing its tuning frequency from the fundamental frequency of the OWT
to the second order frequency, and the reduction ratios of the standard deviations achieved by TMD03
was increased from 12% to about 41.3%. Approximate improvements can also be discovered from
TMDO04-06 and TMD10-12 under such seismic waves. So an effective method to improve the limited
control effects TMD01-06 is to adjust the tuning frequencies of such TMDs from the fundamental
frequency to the second order natural frequency of the OWT.

From Figure 27b,c, the reduction ratio of the standard deviations under the Northridge seismic
wave achieved by TMDO03 and 09 were about 10.7% and 33.3%, respectively; the reduction ratio of the
standard deviations under the Taft seismic wave achieved by TMDO03 and 09 were about 5.8% and
42.7%, respectively. On the other hand, different from the above introduced seismic cases, it can be
discovered the comparable control effects of TMD01-03 and TMD07-09 on the NAAs under the Chichi
seismic wave, as shown in Figure 27d. So both the first two natural frequencies of the OWT are the
feasible tuning frequencies under such seismic case.
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Figure 27. Reduction ratios of NAAs under El Centro and Northridge seismic waves.
4.7.2. Influence of TMD's Frequency on the Reduction in Bending Moment

Figure 28 shows the influence of the TMD’s tuning frequency on the reduction of the bending
moment under the different seismic cases. From the Figure, the prominent control effects of the TMDs
are discovered when the second natural frequency of the OWT is designated as the tuning frequency.
Reduction ratios of standard deviations achieved by TMD12 and 06 under the El Centro seismic wave
were about 50.3 and 3.8%, respectively, as shown in Figure 28a. Although an optimum location and
prominent mass ratio are selected in the design of TMDO6, the control effects on the bending moments
are trivial due to the discrepancy in the tuning frequency. If the tuning frequency of TMDO6 is adjusted
from the fundamental frequency of the OWT to the second natural frequency, the increments in the
reduction ratio can reach 45%. Same tuning frequencies can also be applied to the TMD under the
Northridge seismic wave, according to Figure 28b. It can be seen that the reduction ratios of bending
moments achieved by TMD12 and 06 are 42.4% and 7.5%, respectively. Meanwhile, the same results
can be obtained for TMD01-03 and TMDO07-09 under the El Centro, Northridge and Taft seismic wave.

On the other hand, it should also be noted that limited control effects of TMD are observed under
the Chichi seismic wave by comparing with reducing of the responses under the other seismic cases,
as shown in Figure 28d. From Figure 9d, it can be seen that in addition to the second natural frequency,
the influence of the fundamental frequency of the OWT is also non-negligible under such seismic load

cases. Hence, a TMD with single tuning frequency cannot effectively control the vibration of the OWT
under the Chichi seismic wave.
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Figure 28. Reduction ratios of bending moments under seismic excitations.

5. Conclusions

Based on the integrated analysis model, the structural responses and dynamic characteristics of a
Pentapod OWT under seismic excitations are studied. The influence of the rotor and the activation of
higher-order modes of the OWT under seismic excitations can be observed. Further, a TMD is mounted

on the OWT to control the structural responses under different seismic excitations. From the research,
the following conclusions can be drawn:

(1) From the results that the mudline bending moments are influenced by the mode of the rotor
blade, the influence of the rotor system on the motion of the support system cannot be neglected
in the seismic analysis of OWTs. Thus, it is of necessity to establish the integrated model of the
OWT to obtain reasonable structural responses under earthquakes.

(2) For the tower accelerations, the seismic excitations can stimulate higher-order frequency
components and it can become the dominant frequency for the structural responses, especially for
the seismic waves with abundant frequencies around the natural frequencies of OWTs, such as
the Northridge seismic wave.

(3) Using TMD, the influences of the PGA and type of seismic excitation on the control effects of the
OWT are investigated. It can be observed that these parameters of the input seismic wave can
influence the control effects of TMD remarkably.

(4) The parameters of TMD, such as the tuning frequency and location, are more essentials than
the mass ratio in the design of TMD. The higher-order dominant frequencies are proved as the
more effective tuning frequencies for reducing the structural responses of the OWT under seismic
excitations; e.g., TMD tuned with the second natural frequency of the OWT can achieve more
effective control than the TMD tuned with the fundamental frequency.

(5) The locations of TMD installed in nacelle or tower base are validated as the appropriate locations
to control the nacelle accelerations and bending moments of the OWT.
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The studies prove that the control effects of the TMD can be improved by increasing the mass of
the TMD only when an effective tuning frequency and location are adopted.

Limited control effects of TMDs are observed when the structural responses are composed of
multi-dominant frequencies, such as the nacelle accelerations and bending moments under the
Chichi seismic wave. Additional tuning frequencies or more TMDs may be necessary to achieve
significant control effects under such load cases.
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Abstract: A series of physical model experiments was performed to investigate the hydrodynamic
responses of a semi-submersible offshore fish farm in waves. The structural configuration of the
fish farm primarily refers to that of the world’s first offshore fish farm, Ocean Farm 1, developed by
SalMar in Norway. The mooring line tension and motion response of the fish farm were measured at
three draughts. The study indicated that the tension on the windward mooring line is greater than
that on the leeward mooring line. As the wave height increases, the mooring line tension and motion
responses including the heave, surge, and pitch exhibit an upward trend. The windward mooring line
tension decreased slightly with increasing draught. The existence of net resulted in approximately
42% reduction in mooring line tension and approximately 51% reduction in surge motion. However,
the heave and pitch of the fish farm increased slightly with the existence of net. It was found that the
wave parameters, draught, and net have noticeable effect on the hydrodynamic response. Thus, these
factors are suggested to be considered in structural designs and optimization to guarantee the ability
of the fish farm to resist destruction and ensure safety of workers during intense waves.

Keywords: semi-submersible; offshore fish farm; hydrodynamic response; mooring line tension;
motion response

1. Introduction

Owing to the limitations of ecological environments and space resources in near-shore areas;
offshore aquaculture is becoming growing in the aquaculture industry worldwide. High-density
polyethylene (HDPE) net cages are increasingly being used in the aquaculture industry. Generally,
an HDPE net cage could be moored in a single or array configuration, which is flexible in industrial
applications. However, the volume for aquaculture typically ranges from 10,000 m? to 30,000 m3, not
to mention the deformation induced by currents and waves. So far, more than 20 countries and regions
around the world have been devoted to aquaculture field. For instance, France and Norway have
cooperated to build an aquaculture vessel with 270 m length and the drainage can reach 10° t. Spanish
companies have designed an aquaculture platform, which can resist to waves of 9 m. Norway, as one of
the most developed fisheries countries in the world, has already been leading the world in the field of
farming equipment design. Recently, a new type of offshore fish farm, Ocean Farm 1 [1] (see Figure 1),
which is mainly made up of steel, with a volume of 250,000 m® was developed in Norway and built in
China. This kind of fish farm may represent the first step toward a new era in offshore aquaculture and
address key issues related to sustainable growth in the aquaculture industry. As the aquaculture is
marching to the open sea, the power supply of the electrical equipment on the fish farm becomes a
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weakness of development. The floaters and columns for a fish farm could be ideally used as a wave
energy converter platform. The aquaculture platform of sufficient dimensions can support several
wind turbines and realize self-power supply of the offshore fish farm. Overall, both the converter
platform of wave energy and offshore wind turbine can be combined with this kind of new type of
offshore aquaculture facility. Due to its superior performance, the offshore fish farm considered is
accepted and widely used all over the world. Hence, fundamental research on the offshore fish farm is
very critical, especially in the initial stage.

Figure 1. Main structure and the location of connection of the ocean Farm 1.

In open seas, a fish farm is easily subjected to strong currents, severe waves, and storm surges, all
of which can cause significant destruction. Therefore, studying the hydrodynamic responses of a net
cage is important and urgent. In the past few decades, a considerable amount of research including
experimental and numerical studies has been carried out to investigate the hydrodynamic responses
of offshore net cages. Fredriksson et al. [2] analyzed both the motion response and mooring line
tension of a net cage in waves and currents. Lader et al. [3] conducted a series of physical model
experiments to study the forces and deformation of a circular net cage with different weights in a
uniform flow. Li et al. [4] adopted a numerical model to analyze the influences of a sinker weight on
the deformation and uniform load on the net cage; the results of the numerical simulation agreed well
with the experimental data. Moe et al. [5] calculated the distribution of loads in the net cage owing to
current, weights, and gravity based on commercial explicit finite element software. Tsukrov et al. [6]
conducted experimental studies of drag forces on copper alloy net panels and empirical values for
normal drag coefficients are proposed for various types of copper netting. Xu et al. [7] applied
a statistical approach to determine the motion and tension transfer functions in irregular waves.
Fu et al. [8] studied an extended three-dimensional hydro-elasticity theory to predict the dynamic
response of 5 x 2 floating fish farm collars in waves. Zhao et al. [9] performed a number of physical
model experiments to study the main mooring line tensions and flow velocity magnitudes when the
current flowed through multiple net cages. Zhou et al. [10] presented hydrodynamic characteristics
of knotless nylon netting normal to free stream and the effect of inclination angle on drag coefficient
were discussed. Kristiansen et al. [11] investigated the mooring line loads on an aquaculture net
cage that was analyzed by model tests and numerical simulations. Huang et al. [12] investigated the
dynamic deformation of the floating collar of a net cage under a combination of waves and currents.
Yao et al. [13] developed a novel hybrid volume approach to model the current loads on a net cage
by considering the fluid-structure interaction. Bi et al. [14] investigated waves propagating through
net cages with different levels of biofouling and studied them numerically using a three-dimensional
computational fluid dynamics model. In addition, as for the submersible fish cage, Kim et al. [15] used
the computational fluid dynamic software to analyze the flow field characteristics of a submersible
abalone aquaculture cage and adopted a finite element model based on Morison equation to study
the hydrodynamic responses of the moored containment structure. Shainee et al. [16,17] conducted
numerical simulations and experimental model tests to examine the submergence characteristics of
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a self-submersible SPM cage system in both regular and random waves, respectively. Xu et al. [18]
analyzed the hydrodynamic behavior of a self-submersible single-point mooring gravity cage in
combined wave—current by numerical simulation.

Although the hydrodynamic responses of the net cage have been studied extensively, studies on
new types of offshore fish farms are scarce. Li et al. [19] conducted a preliminary study on the global
responses and mooring line loads of a vessel-shaped offshore fish farm in various waves. However,
the effect of waves on the hydrodynamic responses of fish farms is an important research issue. Thus,
it is essential to analyze the interaction mechanism between fish farms and waves. Unlike traditional
net cages, the semi-submersible offshore fish farm is a new type of aquaculture facility that is unique in
the sense that draught of the fish farm can be regulated by pontoons. When the waves and winds are
severe, the draught of the fish farm can be increased appropriately to avoid destruction; when the fish
farm need to be maintained, it can ascend to the sea surface by controlling the water of the pontoon. In
addition, owing to the existence of net, the hydrodynamic response is different from the traditional
offshore engineering structure. In this study, a series of laboratory experiments were performed in the
wave—current flume to study the hydrodynamic characteristics of a semi-submersible offshore fish
farm. The physical model of the fish farm, similar to Ocean Farm 1 [1], consists of a primary frame,
four mooring lines, nets, pontoons, and sinkers. However, as we do not know the detailed information
of Ocean Farm 1, the structural parameters of the fish farm in this study are designed according to our
own understanding. The objective of this study is to analyze the hydrodynamic responses of this kind
of semi-submersible offshore fish farm and provide positive suggestions for its structural optimization.
The present research is based purely on scientific interest and has no commercial purpose.

This paper is organized as follows. The laboratory experiments, including the physical model,
experimental setup, experimental conditions, and data analysis methods, are presented in Section 2.
Section 3 presents the experimental results of the mooring line tension and motion response in different
draughts. A detailed discussion including an analysis on the wave parameters, draught, and net
damping is presented in Section 4. Finally, the conclusions are presented in Section 5.

2. Laboratory Experiment

In the open sea, a semi-submersible fish farm can be easily subjected to extreme waves. In order
to investigate the hydrodynamic responses of a fish farm in regular waves, a series of physical model
experiments were conducted. According to the actual sea conditions, prototype structure size, and
experimental conditions, the model size, experimental layout, and wave conditions can be designed.
All the laboratory experiments were performed in a wave—current flume at the State Key Laboratory of
Coastal and Offshore Engineering, Dalian University of Technology, Dalian, China.

2.1. Physical Model

The physical model (see Figure 2) consists of the primary frame, net, weight, and mooring systems.
The draught of the fish farm can be adjusted by changing the volume of ballast water in the pontoon to
determine the working station. In the experiment, it is difficult to completely meet the same similarity
law for each part of fish farm, so in order to reduce the influence of the scale effect on the structure,
especially the simulation accuracy of the net, the study adopts different similar scales for the net
and frame structure. The full scale can be designed by the gravity similarity. The frame and net
system adopted two geometric scales, which were 1:120 and 3:40, respectively. More details about the
similarity law and the calculation of full-scale values can be found in previous research [20,21].
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Figure 2. Physical model of the semi-submersible offshore fish farm.

2.1.1. Frame System

The frame system is the primary structure that bears the environment load and constitutes the
fish living space with the net. The frame system of the fish-farm model is made up of plexiglass and
includes column, arc pipe, brace, and pontoon (see Figure 3). In accordance with the dimensions of the
experimental facilities and the tested wave conditions, the diameter of the fish-farm model is set to 1 m.
The detailed parameters of the fish farm in this study are presented in Table 1. The prototype values of
the fish farm are also shown with a geometric similarity scale of 1:120, which is roughly similar to the
dimensions of Ocean Farm 1 [1]. The deformation of the primary frame of fish farm is small and has a
negligible effect on the hydrodynamic responses of the fish farm; therefore, the elastic similarities need
not be considered.

Figure 3. Primary frame of the fish farm.
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Table 1. Structure parameters of the fish farm in this study.

Component Parameter Prototype (m) Model (m)

Length 24.00 0.20

Upper arc pipe Diameter 1.92 0.016
Thickness 0.017 0.0023

Length 24.00 0.20

Middle arc pipe Diameter 0.96 0.008
Thickness 0.015 0.0021

Length 24.00 0.20

Lower arc pipe Diameter 1.92 0.016
Thickness 0.017 0.0023

Length 36.00 0.30

Thick column Diameter 3.60 0.03
Thickness 0.025 0.0025

Length 33.60 0.28

Thin column Diameter 2.40 0.02
Thickness 0.030 0.0031

Length 36.00 0.30

Inclined column Diameter 0.96 0.008
Thickness 0.015 0.0021

Length 36.00 0.30

Central column Diameter 3.60 0.03
Thickness 0.025 0.0025

Column Length 7.20 0.06

p Height 6.00 0.05

ontoon Diameter 12.00 0.10
Thickness 0.040 0.005

Length 60.00 0.50

Brace Diameter 1.90 0.016
Thickness 0.017 0.0023

Length 60.00 0.50

Upper Brace Diameter 1.90 0.016
Thickness 0.017 0.0023

2.1.2. Net System

The net system was designed with three parameters: The overall size, mesh size, and net diameter.
To avoid an extremely small net diameter with the model scale of 1:120 such that the model net can
hardly be attained, the experimental model primarily considered the drag force to guarantee that
the force on the theoretical net is equal to that on the model net (see Figure 4). In the traditional net
cage, the whole net system is flexible structure and exhibits a large deformation in regular waves.
However, the effect on the deformation of net combined with the fish farm is slight. In the experiment,
the net system is designed based on our previous research [20]. The geometric similarity of the net is
as follows:
aq an

PR 1)
where a1 and d; are prototype mesh size and prototype net diameter, respectively; a; and d are the
mesh size and net diameter of the model, respectively.

The prototype mesh size and net diameter are 5 cm and 3.75 mm, respectively. Therefore, it can be
calculated that the ratio of the mesh size to the net diameter should be 40/3, such that the drag force
on the theoretical net is the same as that on the equivalent experimental net. Through preliminary
calculations, the mesh size is 8 mm and the net diameter is 0.6 mm in the experiment.
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To guarantee the gravity similarity, the net system is designed based on a previous research
study [20]. The gravity similarity of the net is as follows:

2
1 1 ndp

4 _
Y A)X(%ymxlo)X(pn p)XqXxS$ (2)

N =d,/dy (3)

where Aw is the corrected weight of the net; A’ is the small scale of the net that can be calculated by
dp/dm; A is the geometric scale; dj, is the prototype net diameter; d;, is the model net diameter; py, is the
net material density; p is the water density; a, is the prototype mesh size; g is the solidity ratio of the
net; S is the hanging ratio area of the model net; 11 and 5 are 0.707 and 0.707, respectively.

Some differences in weight exist between the theoretical net and the equivalent net. To guarantee
the weight similarity, it is calculated that the weight of the equivalent net should be increased by
6.7 g, which can be adjusted by the weight system. Owing to the weak elasticity and stiffness of the
polyethylene net, the elasticity similarity of the net will not be considered.

(a) Theoretical net (b) Equivalent net
Figure 4. Net system similarity.

2.1.3. Weight System

To overhaul and operate the fish farm, the draught of the fish farm can be controlled by a weight
system (see Figure 5a) to attain a specified state in practical applications. In the experiment, combining
the actual state with experimental conditions, the draught can be adjusted by injecting the water into
the pontoon (see Figure 5b) and by a sinker (see Figure 5¢). In addition, three draughts exist, including
those of 7 cm, 28 cm, and 36 ¢cm, representing the maintenance condition and two working conditions
of the fish farm, respectively. Meanwhile, the maintenance condition can be reached depending on
its own weight; no additional weight is required. However, the working state 1 can be obtained by
hanging weights at the bottom of column, injecting water into the pontoon and adding sand to the top
box, and the working state 2 needs to continue to add sand into the box to achieving the draught of
36 cm. The detailed conditions can be presented in Table 2.
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a) Integral layout (b) Pontoon (c) Balance weight

Figure 5. Weight system. (D Adding sand to the top box; @ injecting water into the pontoon; ® hanging
weights at the bottom of column.

Table 2. Weight system of the fish farm.

Model Conditions Prototype Draught (m) = Model Draught (cm) Weights (kg)

Maintenance state 8.4 7.0 0
Working state 1 33.6 28 4.02
Working state 2 43.2 36 6.59

2.1.4. Mooring System

The mooring system is an important part of the fish farm and is crucial for the fish farm to operate
steadily in the sea. In the experiment, a four-point anchor form was adopted in the fish farm and the
initial tension could be loaded in the mooring line. In the practical application, the wave loads on the
mooring line are smaller than those on the fish farm; therefore, the elastic similarity was considered
primarily in the experiment such that the model mooring line is similar to that of the prototype and to
reduce test errors. The elastic part of the anchor is modeled by the spring, and the anchor rope can
be fixed by lead blocks at the bottom. The relationship between the force and the calculated value of
elongation of the mooring line can be calculated by Formula (4). The results can be listed in the Table 3.

de,%(AS/S)n
Fy = — 4)

where F,;, is the model cable tension; Cp is the elastic coefficient of prototype cable, which is 26.97 x
10*MPa; d,, is the diameter of prototype cable, which is 120 mm; AS/ S is the elongation rate of prototype
cable; 1 is the coefficient, which is 1.5; A is the geometric scale.

Table 3. Force and calculated value of elongation.

Fm (N) 1 2 3 4 5 6 7 8
AS/S 0.34% 0.54% 0.71% 0.85% 0.99% 1.12% 1.24% 1.36%

As listed in Table 3, the relationship between the force and the calculated value of elongation of
the mooring line is close to linear. Therefore, the elasticity of the mooring line can be simulated by the
spring in the experiment. To obtain a suitable spring, a variety of springs were tested (see Table 4).
It can be concluded that the mooring line of the model can be simulated by a polyethylene rope and
spring. The mooring line was 3.0 m long in the physical model experiment.
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Table 4. Elongation rate of spring under different loads.

Load (N) Elongation (cm) Length of Mooring Line (cm) Elongation Percentage (%)
1 12 300 0.4
2 1.6 300 0.53
3 2.0 300 0.67
4 2.4 300 0.80
5 2.9 300 0.97
6 3.3 300 1.10
7 3.7 300 1.23
8 41 300 1.37

The comparison between the calculated elongation of the mooring line and the measured values
is shown in Figure 6. It is indicated that the error is small; therefore, the method of simplifying the
mooring line is feasible.

Elongation (%)

&y

on

T T T T
0 2 4 6 8

The force on the mooring line (N)

Figure 6. Comparison on mooring line elasticity of calculated values and measured value.
2.2. Experimental Setup

The wave—current flume is 69 m long, 2 m wide, and 1.8 m deep, and the water depth was 1 m
during the experiments. In addition, the flume is equipped with a servo motor-driven, piston-type
wave-maker capable of producing regular and irregular waves. At the end of the flume, wave absorbers
are installed to mitigate the wave reflection. Both sides of the flume at the working section are smooth
glass to reduce viscous dissipation owing to the boundaries. In this flume, both waves and currents
can be generated. However, only regular waves were generated in this physical model experiment.

Figure 7 shows a sketch of the experimental setup. The fish farm model was moored by four
mooring lines in its equilibrium position. Each mooring line primarily comprises one 2.9 m polyethylene
rope whose diameter is 1.0 mm and one 0.1 m stainless spring. The linear density of the rope is
0.003 kg/m and the mass of the spring is 0.01 kg. To measure the forces acting on the mooring lines,
four load cells were connected to the windward and leeward mooring lines.
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Figure 7. Experimental layout.

To obtain the motion response, a charge-coupled device (CCD) camera was used to record the
motion trajectory of the diodes that can be fixed on the fish farm, and the motion responses of the
fish farm can be calculated by a self-developed software DUT-FlexSim. The motion response can
be collected by the CCD high-speed acquisition camera that is arranged in the observation area of
the flume (see Figure 8). To guarantee the accuracy of data acquisition of the motion response, the
surrounding light should be maintained dark. Four light-emitting diode (LED) bulbs are arranged at
the top and bottom of the fish farm as tracing points (see Figure 9). The tracing points along the x-axis
direction are called the front point, and the tracing points on the back side are called the back point.

Figure 8. Charge-coupled device (CCD) high-speed camera setup.
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Figure 9. Location of tracing points.

2.3. Experimental Conditions

In the physical model experiment, the hydrodynamic response of fish farm can be measured in
regular waves. According to the model scale, the experimental water depth can be designed to be
1.0 m and its corresponding prototype water depth is 120 m. The mooring line tension and motion
response can be measured by the load cells and CCD, respectively. To guarantee the accuracy of data
collection, the measurements were performed thrice, and the sampling rate was 0.02 s. Three draughts
exist, including those of 7 cm, 28 cm, and 36 cm. In addition, the regular waves were designed as per
the specifications in Table 5.

Table 5. Wave conditions.

Prototype Value Model Value
Wave Case No.
Wave Height (m) Wave Period (s) Wave Height (m) Wave Period (s)
1 7.2 10.95 0.06 1.0
2 7.2 13.15 0.06 1.2
3 7.2 15.34 0.06 1.4
4 9.6 10.95 0.08 1.0
5 12 10.95 0.10 1.0
6 12 13.15 0.10 1.2
7 12 15.34 0.10 14

2.4. Data Analysis Method

In the experiment, the water surface elevations were recorded by capacitance-type wave gauges
arranged along the center line of the wave flume. The absolute accuracy of these wave gauges is
approximately +1 mm. Before initiating any measurements, the wave gauges were examined for
soundness, cleaned if necessary, and subsequently calibrated. In addition, a computer control system
developed by the Beijing Hydraulic Research Institute was used for collecting the data of free surface
elevations with multiple channels. To collect accurate data, the time series of wave elevation at each
measurement point was recorded with a sampling rate of 50 Hz and a stable data over a period of 10 s
was chosen for data analysis; subsequently, the wave height at a measurement point was the average
value of the corresponding time series.

Water-resistant load cells with a capacity of 10 N were used to measure the forces on the mooring
lines, and the specified accuracy of the load cell was 0.1 N. Each measurement was performed thrice to
diminish the impact of random and bias errors. Data sampling was conducted over a period of 20 s
and the final experimental value was the average value of the three measurements. Figure 10 is the
time series of mooring lines tensions when the wave height is 10 cm and the wave period is 1.4 sin a
draught of 36 cm. The pretension of mooring line was measured before each group of tests began, and
then the total force on the mooring line can be obtained by the load cells. Therefore, the mooring line
tension in pure waves can be calculated as follows.

Fw:Ft_Fpre (5)
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where F, is the average value of maximum mooring line tensions in pure waves; F; is the average
value of maximum mooring line tensions which can be measured by water-resistant load cells; Fy,

is the pre-tension of mooring line. The windward and leeward pre-tension are 1.91 N and 1.87 N,
respectively.
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Figure 10. The time series of mooring lines tensions.

3. Results

In an actual operation of the fish farm, the mooring line tension is the key factor affecting its
stability. In addition, the motion response contributes significantly to the safety of the workers.
Therefore, the mooring line tension and the motion response can be measured and analyzed in different
draughts. The maximum force on the mooring line and the maximum motion response were obtained
from time intervals in duration of approximately 15 wave periods from the measured time series.

3.1. Mooring Line Tension

Wave period and wave height are two important factors for the mooring line tension.
Figures 11 and 12 show the mooring line tension in different wave periods and wave heights,
respectively. The primary part of the fish farm is above the sea level, and only nine pontoons
of the fish farm are underwater with the draught of 7 cm for maintenance condition, which is easily
subjected to the wave load. On the contrary, most of the fish farm is submerged beneath the free
surface when the draughts are 28 cm and 36 cm.
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Figure 11. Mooring line tension in different wave periods.

Because of the symmetry of the fish farm model and the mooring lines, the average value of the
tension in the mooring lines at symmetrical positions was used for force analysis. The maximum force
on the mooring line can be measured by the average value of the two mooring lines in the symmetrical
position, and the pretension can be loaded in the mooring line before the experiment begins. It can be
observed from Figure 11 that the force on the mooring line is closely proportional to the wave period.
Furthermore, as the draught increases, the mooring line tension exhibits a downward trend. It is
apparent from Figure 12 that the windward and leeward mooring line tensions exhibit an upward
trend with increasing wave height.
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Figure 12. Mooring line tension in different wave heights.

3.2. Motion Responses

In the semi-submersible offshore fish farm, not only the mooring line tension, but also the motion
responses are necessary to be analyzed for the fish farm. It is because the motion response is critical to
the fish living in the fish farm and human activities on the fish farm. Smaller motion response can
provide a stable living space for fish and avoid damage to fish in severe currents and waves, and
further guarantee the quality of fish and the economic income of fishermen. The fish farm exhibits a
small deformation under waves and is approximately a rigid structure. Therefore, only the motion
responses of the fish farm require analysis, which include three aspects: The heave, surge, and pitch.
In the present experiment, the fish farm model was fitted with a tracking point on the upstream side
and the back side of the fish farm such that the motion trajectory can be analyzed by tracking the
two points.

Figure 13 shows trajectory of the fish farm at H = 10 cm and T = 1.4 s in the draughts of 28 cm
and 36 cm. As shown in the Figure 13, the trajectory of the windward side is oblique and elliptical,
while the trajectory of the leeward side resembles an egg shape. Meanwhile, it is apparent from the
motion track of the fish farm that the heave motion and surge motion exhibit some attenuations with

increasing draught; this is consistent with the gradual attenuation of the mooring line tension on the
upstream side.
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Figure 13. Motion trajectories of the fish farm.
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Figure 14 shows the motion response of the fish farm in different wave periods. It can be observed
that the motion response is positively correlated with the wave period in different draughts. However,
when the draught is 7 cm, there is no obvious correlation between the surge or pitch and the wave
period. In addition, it is apparent that as the draught increases, the motion response including the
heave, surge, and pitch motion turn to decrease. It can be concluded that the maximum motion
response can be attained in the draught of 7 cm, followed by those in the draughts of 28 cm and 36 cm.
Meanwhile, it is obvious from Figure 15 that the heave, surge, and pitch motions are proportional to
the wave height and reaches their peak values at the wave height of 10 cm when the wave period is 1 s.
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Figure 14. Motion response in different wave periods.
8 8
--i- Draught : 7 cm --i- Draught : 7 cm
® - Draught : 28 cm ® - Draught : 28 cm
--A- - Draught : 36 cm --A- - Draught : 36 cm
-
6+ 6+
-
) B
< a7 s
§ 4 5 4 o
g - g .
g bt .
g £
T S @
24 oy 24
" gy
2 =R --
e ==
0 T T T ) 0 T T T
6 3 10 Wave height (cm) 6 8 10 Wave height (cm)
Wave period :1.0 s Wave period :1.0 s
(a) Heave motion (b) Surge motion
12
--#- Draught : 7 cm
@ - Draught : 28 cm -
10 --A - Draught : 36 cm z
8 =
3
£ 6
g " N
< "
g .
£ 1 e
A~
L]
24 A -
0 T T T
6 8 10 Wave height (em)

Wave period :1.0 s

(c) Pitch motion

Figure 15. Motion response in different wave heights.

65



J. Mar. Sci. Eng. 2019, 7,238

4. Discussion

The semi-submersible offshore fish farm is a new type of aquaculture facilities unlike the
traditional net cage. The new fish farm has the advantages including the resistance to severe waves,
small deformation, and convenient towing. To analyze the hydrodynamic response of the fish farm in
detail, the wave parameters, draughts, and net damping should be considered in the research.

4.1. Effects of Wave Parameters

In the open sea, the fish farm is easily subjected to the wave action; therefore, the wave heights
and wave periods are two important factors affecting the hydrodynamic response. As the wave heights
increase, the mooring line tension and motion response exhibit an upward trend. This is because the
area that can be loaded by waves gradually turn to increase with the wave heights increasing so that
the motion amplitude will become larger and the mooring line will be strained, which will produce a
larger mooring line tension. In addition, the results above indicate that when the draught is 7 cm, no
obvious correlation exists among the mooring line tension, motion response, and wave periods. This is
due to the complex pontoon that can be submerged. The surface area of the pontoon is not linearly
proportional to the height along the vertical of the water surface; further, a gradual change exists in the
connection between the pontoon and the column.

Taking the draught of 28 cm as an example, when the period changes from 1.0s to 1.2 s and 1.4 s,
the increment of windward force on the mooring line is from 80% to 7.6% in the wave height of 6 cm
and the increment of leeward force on the mooring line is from 141% to 49% in the wave height of
6 cm. It is apparent that the trend of growth is gradually becoming slower with the increasing of wave
periods. Meanwhile, the windward and leeward peak values can reach 3.37 N and 1.71 N, respectively,
whose prototype values are 5823.36 kN and 2021.76 kN, respectively. In addition, when the wave
height is 10 cm, the fluctuation range of the heave value ranges from 191.13% to 30.17% at T = 1.0
s—1.4 s; the fluctuation range of the surge value ranges from 96.15% to 16.80% at T = 1.0 s-1.4 s; the
fluctuation range of the pitch value ranges from 54.48% to 10.79% at T = 1.0 s-1.4 s. It can be concluded
that the increase rate of the motion response decelerates with increasing wave period. However, the
whole effect on the fluctuation value of the fish farm became more evident with wave period increasing;
further, when the period increases to a certain extent the surge value of the fish farm tends to be stable.

The comparison of the windward and leeward forces of the mooring line tension can be represented
in Figure 16, where the wave height and wave period are 6.0 cm and 1.4 s, respectively. It can be
concluded that the mooring line tension in the line 2 is less than that in line 1. Using the draught of
28 cm as an example, it can be calculated that the maximum force is attenuated by 61.7% and 70.8%
from the windward side to the leeward side at H = 6 cm and H = 10 cm, respectively. It can be explained
that the wave-ward lines are more loaded due to the non-linearity and drift forces when the wave
reaches the fish farm. On the contrary, less external force exists on the leeward mooring line than that
in the windward. Therefore, the wave loads on the fish farm acts primarily on the windward mooring
line and the leeward force is relatively smaller.
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Figure 16. Mooring line tensions of the fish farm.

4.2. Effects of Draught

To overhaul and run the fish farm, different draughts can be adjusted by the weight system. With
the change in draught, the force on the mooring line and the motion response will present different
variation tendencies. It can be observed from Figure 17 that as the draught continues to increase, the
windward force on the mooring line decreases. This is a desirable phenomenon that will provide a
technical method for the security of the fish farm in severe waves. In addition, it can be calculated that
the maximum reduction reaches 49.8% when the wave height is 10 cm. Meanwhile, it is apparent from
Figure 18 that the motion amplitude exhibits a downward trend with increasing draught, and that
the maximum attenuation including the heave, surge, and pitch motion can reach 75.6%, 73.9%, and
59.8%, respectively, when the wave height is 10 cm. This phenomenon can arise because the sloping
bottom and the pontoons around the bottom contribute to the vast majority of volume of the fish farm.
Therefore, a considerable wave force is produced by the interaction between the waves and structures.
With the draught increases, the primary volume of the fish farm is submerged to a certain water depth
and interacts with the lower velocity of the water particles. Meanwhile, the primary parts that interact
with the waves are the columns in the circumference and the net chamber around the free surface that
experience significantly weaker external forces. Thus, the wave force acting on the fish farm decreases

67



J. Mar. Sci. Eng. 2019, 7,238

gradually. In practical implication, the draught of the fish farm can be increased appropriately to
maintain the stability of the fish farm and to avoid severe wave loads from acting on the fish farm.
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Figure 17. Windward mooring line tension in different draught.
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Figure 18. Motion response in different draughts.
4.3. Effects of Net Damping

From comparing the new semi-submersible offshore fish farm and a traditional semi-submersible
offshore platform, it is apparent that the primary difference is whether a net exists. The existence of net
will pose certain effects on the mooring line tension and motion response of the fish farm. Figure 19
shows the comparison of the windward mooring line tension with or without net in the draught of
36 cm. It can be observed that the mooring line tension in different regular wave decreases owing to
the existence of nets, and the maximum reduction can reach 42%. The phenomenon can be explained
by the shielding effect and damping effect of the net [22,23]. When the wave passes the net, the wave
energy will be attenuated, and the wave height reduces significantly, such that the wave loads on the
leeward fish farm exhibit a downward trend. Meanwhile, the fish farm will produce a relative motion
along the direction of the wave propagation so that the fluid will exhibit a greater damp effect on the
net and produce a reverse force. Compared with the no-net state, the horizontal motion amplitude will
be restrained to a certain extent (see Figure 20) and the mooring line tension decreases. Overall, it can
be concluded that the mooring line tension will exhibit a downward trend for the fish farm with a net
compared with no net.
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Figure 20. Comparison of motion response.

As for different wave conditions, the change trend of surge motion of the fish farm is the same as
that of the mooring line tension. The surge motion will reduce for the fish farm without net. This is
because the fluid damping will produce an important impact on the net. Overall, the surge motion
of the fish farm with net is less than that without net, and the maximum difference can reach 51%.
In addition, the heave motion and pitch motion of the fish farm with net are larger than that without
net, and the maximum difference can reach 19% and 22%, respectively. It can be concluded from
Figure 20 that the existence of net affects the pitch motion less but affects the surge motion more.

In the paper, the hydrodynamic response was studied and analyzed in the pure waves. Due to the
existence of waves, the motion response of the fish farm will be significantly affected. However, in the
actual sea conditions, waves and currents always exist at the same time and have an interaction with
each other. The existence of water flow is equivalent to adding an external load on the fish farm, which
will have a greater impact on the anchor rope force. Therefore, in the next work, the hydrodynamic
characteristics of the fish farm under the combined action of waves and currents will be considered,
which will provide suitable suggestions for the application of practical projects.
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5. Conclusions

In the present study, the hydrodynamic responses of a semi-submersible offshore fish farm in
regular waves were investigated at various draughts using physical model experiments. The mooring
line tension and the motion response of the fish farm were analyzed. The conclusions are summarized
as follows:

(1) The mooring line tension and motion response were closely proportional to the wave period
and wave height. Nevertheless, when the draught was 7 cm, no obvious correlation existed between
the hydrodynamic response and wave periods. In addition, the force on the windward mooring line
was higher than that on the leeward; further, the upstream anchor lines endured most of the external
loads on the fish farm. Therefore, the upstream anchor lines should be optimized and materials with
better mechanical properties should be chosen in the actual operation.

(2) As the draught increased, the mooring line tension and motion response exhibited a slight
downward trend. Although the area of interaction between the fluid and structure increased, the
range of wave action was near the sea surface; subsequently, the effect became weaker gradually with
increased draught. In addition, owing to the damping effect of fluid, the motion of the fish farm was
limited and the force on the mooring line exhibited a slight downward trend. The experimental results
provided a good method to avoid severe waves.

(3) The existence of net affected the hydrodynamic characteristics of the fish farm significantly.
Compared with the fish farm without net, the mooring line tension exhibited an obvious increase and
the reduction in the peak value could reach 42%. Because of the shielding effect and damping effect of
the net, the surge motion of the fish farm exhibited a maximum attenuation of approximately 51%.
However, the heave motion and pitch motion increased to some extent. It can be concluded that the
net affected the surge degree the most but affected the heave and pitch degrees the least.

(4) Pure waves have a great influence on the motion response of fish farm and is a critical factor
affecting the stability of fish farm, so it is important to design a suitable parameter to decrease or
avoid the large motion of the fish farm. However, in actual sea conditions, the presence of water
flow will increase the anchor rope force and affect the waves. Therefore, in the following work, the
hydrodynamic response of the fish farm under the waves and currents will be studied to provide some
experimental guidance for the practical engineering.
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Abstract: The utilization of ocean renewable energy, especially wave energy, is of great significance
in ocean engineering. In this study, a three-dimensional numerical wave tank was established to
simulate the wave-float interaction based on the Reynolds-averaged Navier-Stokes equations and
the Realizable K-Epsilon Two-Layer turbulence model was applied. Firstly, convergence studies with
respect to the mesh and time step were carried out and confirmed by the published analytical and
numerical data. Then, the resonance condition of a particular float was solved by both numerical and
analytical methods. The numerical and the analytical results are mutually verified in good agreements,
which verify the reliability of the analytical process. Furthermore, a wave energy converter (WEC)
consisting of a single float without damping constant was adopted, and its hydrodynamic performance
in different wave conditions was investigated. It was found that the damping factor can affect the
motion response of the float and the wave force it receives. Under a certain wavelength condition, the
WEC resonates with the wave, at which the wave force on the float, displacement of the float and
other parameters reach a maximum value. Finally, the influence of linear damping constant on the
power take-off (PTO) was studied. The results show that the damping factor does not affect the wave
number turning point of the optimal damping constant.

Keywords: damping constant; resonance; power generation; wave energy; hydrodynamic analysis;
numerical wave tank

1. Introduction

Energy and environment are key issues for humans and their development. Due to the problems
of environmental pollution and energy deficit, the development and utilization of renewable energy
have received strong attention by more and more countries [1,2]. Benefiting from the advantages of
wide distribution, large reserves, renewable and no pollution, wave energy has received extensive
attention. Barstow et al. [3] reported that wave energy can provide more than 2 TW, which is the same
order of the world’s electricity consumption.

Wave energy is usually captured by motions of a wave energy converter (WEC) [4]. While
development of modern wave energy converter dates back to 1799 [5], the technology did not receive
worldwide attention until the 1970s, when an oil crisis occurred and Stephen Salter published a notable
paper about the technology in Nature in 1974 [6]. Early research mainly focused on the oscillating
water column WECs, but the device is (1) expensive to build, (2) has low conversion efficiency (10-30%)
and (3) high cost of power generation [7-9]. At present, the main focus is on the oscillating float-type
(point absorption) WECs [10-12]. The float-absorber-type WEC reflects a simple but robust technology,
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which consists of buoys or floating bodies to capture the wave’s motion. A point absorber with a direct
drive power take-off (PTO) system is the most efficient and beneficial in converting the low-speed
oscillating motion of ocean waves [13]. Bhatta et al. [14] carried out numerical study on the cylindrical
shape point absorption WEC, and analyzed the hydrodynamic performance under different degrees
of freedom such as surge, heave and pitch by using the mathematical technique method. Zheng et
al. [15,16] studied the diffraction and radiation of a square floating structure under the condition of
three-dimensional wave incidence, and analyzed the influence of different incident wave directions on
the force and hydrodynamic performance of the WEC by using the eigenfunction expansion matching
method. Shen et al. [17] used a semi-analytical method to solve the parameters of the wave excitation
force and additional mass of the cylindrical WEC. Vantorre et al. [18] employed a software named
AQUA+ to study floating structures with cylindrical, conical and hemispherical shapes at the bottom.
The numerical results show that the WEC energy capture efficiency of the tapered bottom structure
is higher. However, Backer et al. [19] carried out their research by boundary element method and
shows that the difference in WEC energy capture efficiency between different shapes of float structures
is small.

Consequently, the analysis of motion response of WEC in waves and its hydrodynamic performance
is especially important. For hydrodynamic studies, analytical and semi-analytical methods have been
used for wave-structure interaction, especially for simple geometries [20,21]. Potential flow theory
is another widely used numerical approach. Since potential flow solvers are not easy to take the
viscous effect into account, which may affect the accuracy of numerical results [22-24]. Recently, CFD
(Computational Fluid Dynamics) method has been widely used to simulate the complicated interaction
between strong nonlinear waves and floating bodies. Yu et al. [25] studied a two-body floating-point
absorber (FPA) WEC system, and analyzed the hydrodynamic response and the power absorption
performance of the system in regular waves. The study showed that the nonlinear effects could
significantly decrease the power output and the motion of the FPA system, particularly in larger waves.
However, this study does not show the relationship between WEC power absorption and resonance
condition. Gallizio et al. [26] studied the dynamics of an inertial wave energy converter by coupled a
CFD method with a dynamic model of the power generation system. Coe et al. [27] predicted extreme
loading in a two-body WEC using a combination of a time-domain model based on linearized potential
theory and CFD method based on unsteady Reynolds-averaged Navier-Stokes equation. CFD is
considered to be a good choice to analyze the hydrodynamic performance of WEC especially for real
sea situation [28,29]. Recently, a commercial CFD solver, STAR-CCM+ becomes popular and powerful
in ocean engineering [30-32]. In the present paper, the STAR-CCM+ was employed to analyze a WEC’s
motion in waves.

Firstly, a three-dimensional numerical wave tank was established by STAR-CCM+, then
convergence studies with respect to mesh and time step were verified. The problem of a truncated
column in regular waves was simulated and compared with a potential flow solver DIFFRACT and a
CED tool OpenFOAM [33] and available experimental data from MOERI [34]. Secondly, the resonance
condition of a particular float was solved not only by numerical method but also by analytical method.
The numerical results and the analytical results were mutually verified. The velocity and displacement
of a float without damping constant were investigated against various wave numbers. Finally, the
relationship between the optimal damping constants and wave number was studied. Some conclusions
and future research directions were then considered.

2. Numerical Schemes and Validation

2.1. Free-Surface Capturing

The STAR-CCM+ can solve the Reynolds-averaged Navier—Stokes equations with/without fluid
compressibility based on finite volume mesh method. The prism layer mesher, surface remesher and
trimmed model are applied in the mesh continuum model. An implicit unsteady time-marching
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model is used in the physics continuum model, where the governing equations are discretized over
a computational domain. The Realizable K-Epsilon Two-Layer turbulence model is applied with a
two-layer all-y+ wall treatment model.

The volume of fluid method is applied to capture the water free surface. This modeling approach
assumes that the mesh resolution is sufficient to resolve the position and the shape of the interface
between multiple phases [35]. The distribution of phases and the position of the interface are described
by the fields of phase volume fraction a;. The volume fraction of phase 7 is defined as:

— 1
a = 1)
where V is the volume of a cell, and V; is the volume of phase i in the cell. The volume factions of all
phases in this cell are satisfied the following relationship:

Zai =1 @)

where N is the total number of phases, N = 2 in the present study.

2.2. Numerical Wave Tank

Convergence studies of meshes and time steps for the multi-phase-flow numerical wave tank
were first carried out to confirm the accuracy and efficiency of the present numerical model. The
wave forcing method was implemented in the numerical wave tank, as shown in Figure 1. The 3D
Navier-Stokes equations were solved in one domain, within the blue zones. No forcing was applied
within the inner zone (3D Navier-Stokes), but within the outer zone (Forcing zone) the forcing source
term was activated along boundaries of the computational domain. This method forces the solution
of the discretized Navier-Stokes equations towards the theoretical solution over a specified distance,
and it reduces the computational load by using a reduced-size solution domain. This forcing also
eliminates problems that are associated with reflections of surface waves at boundaries, owing to the
damping feature of the gradual forcing [35].

Slip Wall
Wave Forcing 1L

Incident Wave

Velocity Inlet
(Wave Forcing 2L),

Pressure Outlet
37 Wave Forcing 2L )

I—X Forcing Zone

Figure 1. Numerical wave tank (top view).

The lengths of upstream, downstream and forcing zone in the numerical wave tank were set as 3
L,3L,2L(Lis the incident wavelength), respectively, while the width of the tank is 2.5 L, and forcing
zone was set as 1 L. The water depth is 1.5 L. An extruder mesh was used to reduce the computational
time and to provide additional numerical dissipation for energy consumption. The conditions of
upstream and top boundaries are the velocity inlet, while the downstream is the pressure outlet, and
the side and bottom is the slip wall.
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2.2.1. Mesh Convergence

The systematic verification of the grid spacing in x-direction, Ax, and in z-direction, Az, at the
water free surface was carried out. The parameters of incident wave were set the same as that in Sun et

al. [33], which are shown in Table 1. In Table 1, H is wave height, L is wave length, k is wave number, A
is wave amplitude.

Table 1. Wave parameters.

H/L k L (m) H (m) A (m)
1/10 0.082 76.44 7.644 3.822

Three types of mesh, named Mesh A, Mesh B, and Mesh C, were studied. Mesh size of the free
surface was 25% of the base size in x-direction (wavelength direction), while it was 12.5% of the base
size in z-direction (wave height direction). The specific size and quantity of the meshes are shown
in Table 2. The wave probes were located at distances of 1 L, 3 L from the entrance of the wave. The
origin of the coordinate was at the center of mass of the truncated cylinder.

Table 2. Meshes size and quantity.

. Number of Cells Number of Cells
Mesh Base Size (m) per Wave Length for Wave Height H Total Number
A 4.7 65 13 768,385
B 3.6 85 17 1,258,783
C 3.1 105 20 1,569,229

Figures 2 and 3 show the wave elevations at different locations with three type of meshes. It can
be seen from Figure 2b that when the waves reach the location of 3 L from the left entrance boundary,
the amplitude of the waves is reduced by about 5% compared to the incident one, which is caused by
physical and numerical dissipations. The difference of the wave elevation between the incident wave
height and the measured wave height at 3 L location calculated by these three types of meshes is 2.96%,

2.44% and 1.85%, respectively. For balancing the numerical accuracy and computational cost, Mesh B
is mainly used in the following studies otherwise specified.

6

Mesh 4 o Mesh 4
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Figure 2. Wave elevation at different positions from the left entrance boundary: (a) 1 L from the left
entrance boundary; (b) 3 L from the left entrance boundary.

75



J. Mar. Sci. Eng. 2019, 7, 269

— 17700
== T1350

Elevation (m)

'4 T T T T T
40 45 50 55 60 65
Time (s)

Figure 3. Wave elevations at a distance of 3 L from the left entrance boundary by using different
time steps.

2.2.2. Time-Step Convergence

The time-step convergence is verified in this section. The same wave conditions as Sun et al. [33]
were studied. Mesh B with L (85) and H (17) was used, and then the time steps were set to At = T/175,
T/350 and T/700. The free-surface elevation at 3 L is shown in Figure 3. From Figure 3, it can be seen
that the wave curves simulated by the time steps of T/350 and T/700 are basically the same, considering
that the time required by the case of T/700 is significantly higher than that of the T/350. The time
step of T/350 is employed in the subsequent calculations. Figure 4 shows the wave elevation in the

calculation domain at f = 10 T (T is wave period). It can be seen that the wave propagates stably from
the upstream to the downstream.

-3.1415 -1.6136 -0.085734 1.4421 2.9700 4.4979

Figure 4. Top view of wave-surface elevation in the computational domain at the time instant of 10 T.

3. Free-Surface Elevation around a Truncated Column

3.1. Setting of Numerical Model

Based on the above validated numerical wave tank, the free-surface elevation around a column
in strongly-nonlinear waves were studied and compared with the corresponding experimental data
from MOERI [34]. The settings of numerical model are shown in Figure 5a. We used half of the
computational domain in the following simulations to reduce the computational load benefit from the
symmetry of body on the x-z plane. The radius of the column is » = 8 m, while the draft is 24 m. The
positions of wave probes are shown in Table 3. The layout of the wave probes is shown in Figure 5b.
The conditions of incident waves are shown in Table 1.

76



J. Mar. Sci. Eng. 2019, 7, 269

Column

Symmetry Plane WPB1
\‘g«\\ (No Wave Forcing)

(a) (b)
Figure 5. Numerical model: (a) numerical wave tank; (b) layout of wave probes.

Table 3. Locations of wave probes.

Wave Probes x (m) y (m)
Wpb1 -8.2 0.0
Wpb3 0.0 ~8.20
Wpb5 8.2 0.0
Wpol ~16.0 0.0
Wpo3 0.0 16.0
Wpo5 16.0 0.0

The meshes of the numerical wave tank and column are shown in Figure 6. The STAR-CCM+
extruder meshing model [35] was used in the width direction and the downstream, which not only
increases the numerical dissipation of waves, but also saves the calculation time.

(@ (b)
Figure 6. Meshes for the numerical wave tank and column: (a) numerical wave tank; (b) column.
3.2. Comparison of Free-Surface Elevations

The RAOs (Response Amplitude Operator) of the wave-surface elevation around the truncated
column under an incident wave of kyr = 0.657 (kgr is the dimensionless wave number, where kg = 277/L
and L is wave length, r is the radius of column) was studied and compared with Sun et al. [33]. An
average value of free-surface elevations at wave probes in 10 stable wave periods were obtained and
plotted in Figure 7. The RAOs (1st harmonics) of the free-surface elevations were calculated by Fast
Fourier Transform (FFT) and compared with the experimental data from MOERI [34]. The comparison
results are shown in Tables 4 and 5, in which the data of the potential flow solver DIFFRACT, and CFD
tool OpenFOAM are from Sun et al. [33].
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Figure 7. Free-surface elevations at different wave probes.

Table 4. RAOs of free-surface elevations at wpb1, 3 and 5.

Wpb1l Difference Wpb3 Difference Wpb5 Difference
Experiment 1.918 - 0.975 - 1.031 -
DIFFRACT 1.622 -15.4% 1.017 4.3% 0.972 -5.7%
OpenFOAM 1.731 =9.7% 0.955 -2.1% 0.951 —7.8%
STAR-CCM+ 1.902 -0.834% 0.976 0.103% 0.9814 —4.7%

Table 5. RAOs of surface elevations at wpol, 3 and 5.

Wpol Difference Wpo3 Difference Wpo5 Difference
Experiment 1.588 - 1.030 - 1.046 -
DIFFRACT 1.471 —7.4% 1.084 5.2% 0.993 -5.1%
OpenFOAM 1.450 —8.7% 1.005 -2.4% 1.034 -1.1%
STAR-CCM+ 1.389 -12.5% 1.035 0.485% 0.9633 ~7.9%

The RAOs (1st harmonics) was calculated as follows:

(1)
st C
RAO™ = = 3)

where, {(1) is the 1st harmonics of the free-surface elevations, A is the amplitude of the incident waves.

From Tables 4 and 5, it can be seen that the wave elevations at the probes are in good agreement
with the experimental data—excepting wpol probe, which has a slight discrepancy—which verifies
the accuracy of numerical model.

Figure 8 shows snapshots of wave elevations around the column in one wave period. From Figure §,
two different types of scattered waves are obviously seen. One is a concentric circular wave field, called
Type-1 scattered-wave field, and the other is related to the motion of water surrounding the column
surface, called Type-2 scattered-wave field. Type-1 scattered-wave field is primarily in the upstream
direction, while Type-2 wave by passing the surface of the column and propagating to downstream
and merging to form a water mound behind the column. These two types of scattered-wave fields
were also reported by Swan and Sheikh [36] in their experimental measurements.
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Figure 8. Contours of the free-surface elevations (m): (a) t =1/4T; (b) t =2/4T; (c) t =3/4T;(d) t =T.

4. A Single Float in Different Waves

4.1. Resonance Frequency of a Single-Float WEC

Wave conditions for the following simulations were selected based on actual wave conditions in
the South China Sea [37]. The selected wave parameters are shown in Table 6, where 7 and D are the
radius and diameter of a float, respectively. The dimension parameters of the float are shown in Table 7.

Table 6. Wave parameters (H = 1.2 m).

kor L (m) T (s) H/L L/D
0.21 76.5 7 0.016 15.3
0.33 47.5 5.5 0.025 9.5
0.42 375 4.88 0.032 7.5
0.52 30.21 4.36 0.04 6.04
0.62 25.5 3.99 0.047 5.1
0.85 18.48 3.37 0.065 3.7
1.02 15.4 3.05 0.078 3.1
1.2 13.09 2.78 0.092 2.6
14 11.22 2.53 0.107 2.2
1.6 9.82 2.33 0.122 1.964

Table 7. Basic parameters of the float.

Draft (m) Radius (m) Density (kg/m?) Mass (kg) Added Mass (kg)
1.217 2.5 512.5 25,157.28 21,354.17

According to Michael and Cormick [38], the heaving displacement of a single-float WEC system
can be represented by:

(1) = (Fo/ = pgAwp) cos(wt 4y — 0z)

= Zpcos(wt+y —o0z) 4)

\/(1 - w2/w§)2 + 200/ w;)?
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where Fy is the amplitude of wave force, p is the density of fluid, Ay is the water plane area of the
float, Zy is the motion amplitude, w is the circular wave frequency, t is time in seconds, y is a phase
angle that depends on the wave force components, and o, is a phase angle that depends primarily on
the dimensionless system damping factor A;, w, is the natural heaving frequency. In this study, the
float is symmetry about the x-z and y-z planes, so the phase angle y is always equal to zero.

The natural heaving frequency can be represented by:

1
[ m—+ny
PgAwp
where m is mass of the float, 1, is added mass of the float. According to the data in Table 7, w, is equal
to 2.059, therefore, the dimensionless wave number (kqr) corresponding to natural heaving frequency

is equal to kor = 1.02.
The partial derivative of Zj to w equal to zero in Equation (4) can be obtained:

%:o:,w’:wo,h—mg (6)
Jw

where w” is the circular frequency of resonance state considering the damping factor.
The damping factor A, can be represented by:

2
= 1= L @)
a)Z

where g is the natural heaving frequency of the float under radiation damping.
The g can be represented by:

wy; =

(5)

q=2mn/T, (8)

where T is the free vibration period of the float under radiation damping.

Figure 9 plots the free vibration curve of the WEC under radiation damping. The T is equal to
3.32 s in this research, therefore the g is equal to 1.945 rad/s, the A, is equal to 0.329, the w’ is equal to
1.823 rad/s. Therefore, the dimensionless wave number (kyr) corresponding to resonance condition
considering damping factor (A;) is equal to 0.85. In the following section, we utilize the numerical
method to analyze the resonance state of float and to verify the reliability of the above process.

T,=2m/q

Z, (m)

T
0 5 10 15 20
Time (s)

Figure 9. The free vibration curve of the wave energy converter under radiation damping.
4.2. Hydrodynamic Performance and Motion Response of the Float

Figure 10a shows the motion response of the float. From Figure 10a, it can be seen that when the
wavelength is greater than the resonance one, the magnitude of heave motion of the float is equal to
the amplitude of the incident wave. (A is constant, A = 0.6 m) The velocity of the float increases with
the decrease of the incident wavelength. The maximum velocity of the float reaches 1.48 m/s when the
resonance occurs. However, when the wavelength is smaller than the one at resonance condition, the
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magnitudes of displacement and velocity of the float begin to decrease, e.g., the maximum displacement
of the float is only one third of the amplitude of the incident wave at kor = 1.4-1.6.
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Figure 10. Wave forces and motion responses of the float: (a) motion response; (b) wave force.

Figure 10b plots wave forces acting on the float in different sea conditions; where Fy and F; are
the horizontal and vertical wave forces, respectively. From Figure 10b, it can be seen that when the
wavelength is greater than the resonance one, the horizontal and vertical wave forces increase as the
wavelength decreases. The resonance (kor = 0.85) is turning point, when the incident wavelength
is smaller than the resonance wavelength, the horizontal and vertical wave forces decrease as the
wavelength decreases.

From the above analysis, we can see that the turning point from the numerical results is near kor =
0.85, while the corresponding analytical results at the resonance condition considering damping factor
is also at kor = 0.85, which has already mentioned in section of ‘Resonance Frequency of a Single-Float
WEC'. A good agreement between the numerical and analytical solutions is obtained, which verifies
the reliability of the analytical process. Furthermore, we can find that the turning point of motion
response and wave force is near kyr = 0.85 rather than 1.02, which means that the damping factor can
affect the motion response of the float and the wave force it receives.

4.3. Influence of Linear Damping Constant on the PTO

In this section the power generation of the float-type WEC, which considers the equivalent
damping, is calculated. In the WEC system, the equivalent damping of the generator is the resistance
generated by the electrical generator. The work done by this resistance is the electric energy generated
by the generator. We simplify the equivalent damping of the generator as a damping force f; acting on
the float. The damping force, f;, is defined as:

fa=-Caysv )

where Cg s is the linear damping constant, v is the vertical velocity of the float.
The average power of a purely heaving symmetric float in waves is represented by:

1 T
P, = —f faudt (10)
T 0

where f; is the damping force, T is the wave period.

Generally, under certain sea conditions, the WEC system has an optimal linear damping constant,
which maximizes the overall power generation of the system. Figure 11 plots the variation of power
generated by the float via the linear damping constant for different wavenumbers.
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Figure 11. Power absorption performance of the WEC system: (a) kor = 0.21-0.62; (b) kor = 0.85-1.6.

From Figure 11, it can be seen that (1) the power generated by the float increases first and then
decreases with the increase of the linear damping constant. (2) when the wavelength is larger than
the resonance condition (kor = 0.85) as shown in Figure 11a, the value of the optimal linear damping
constant increases with the increase of the wavelength; and the maximum of the power generated
by the float slightly varies in long waves, which is basically concentrated at 5.0-5.5 kw; and the
corresponding range of the optimal linear damping constants is from 35 kN-s/m to 80 kN-s/m. (3)
However, when the wavelength is smaller than resonance condition, as shown in Figure 11b, the value
of the optimal damping constant decreases as the wavelength increases; and the generation power is
lower than the long wavelength, the maximum power is about 0.47-2.6 kw, and the corresponding
range of the optimal linear damping constants is from 10 kN-s/m to 35 kN-s/m.

Figure 12 shows the optimal linear damping constant of WEC and the maximum power generated
by the float with consideration of equivalent damping. The power generated by the float under the
optimal linear damping constant decreases as the wavelength decreases. The optimal linear damping
constants decrease first and then increase with the increases of wave number; the turning point is near
kor = 1.02, which is coincident with the analytical natural heaving frequency without consideration of

damping. This means that the damping factor does not affect the wave number turning point of the
optimal damping constant.
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Figure 12. Optimal linear damping constants and maximum power.
5. Discussion
In this paper, a numerical model for calculating the hydrodynamic performance of a float was
established. First, the numerical accuracy and reliability of the established multiphase flow numerical

wave tank were verified by the convergence studies. Then the wave-surface elevations surrounding a
truncated column in waves were simulated and compared with the corresponding experimental data
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from MOERI [34]. After, the resonance condition of a particular float was solved not only by numerical
method but also by analytical method. The results are in good agreement, which verify the reliability
of the analytical process. Then, the hydrodynamic forces and motion response of the float without the
damping constants in different waves were evaluated, and the power absorption performance of the
float considering the damping constants in different waves were studied.

The velocity amplitude and the displacement amplitude of a float without damping constant were
investigated against various wave numbers. It was found that velocity amplitude and the displacement
amplitude increase first and then decrease with the increases of wave number, with the turning point
being near kor = 0.85 rather than 1.02. This means that the damping factor can affect the motion
response of the float and the wave force it receives.

The relationship between the optimal damping constant and the wave number was obtained.
When kyor > 1.02, the optimal damping constant increases as the wave number increases. When kyr
< 1.02, the optimal damping constant decreases as the wave number increases. In other words, the
turning point of optimal linear damping constants is near kor = 1.02; this value is the analytical natural
heaving frequency without consideration of damping. This means that the damping factor does not
affect the wave number turning point of the optimal damping constant.

The power of the float generator under the optimal damping constant decreases as the wave
number increases. When ko < 0.42, the absorption power of the float at the optimal damping constant
is basically the same (5.5 kW).

The study provided an analytical approach to solving the resonance condition of a specific float,
and provided an insight into the hydrodynamic performance of a WEC system and its power generation
with optimal linear damping constant in different waves.
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Abstract: Offshore wind power is gradually developing to more open sea. Considering the economy
of power transmission, it will be an inevitable choice to adopt the extra-large electrical platform. The
offshore electrical platform is easily affected by sudden extreme loads such as earthquake and high
current loads. With a large volume of electrical equipment arranged on the deck, the offshore electrical
platform is characterized as a top-heavy structure in the offshore wind farm. The dynamic effect of
the structure will aggravate the vibration problem of the structure. In this paper, a physical model
test was carried out to study the dynamic characteristics of the electrical platform of a 10,000-ton
offshore converter station under seismic load. The acceleration response, displacement response and
stress response of the offshore electrical platform under the typical direction of seismic action were
obtained. The effect of the dry-wet environment, mode of seismic excitation, whipping effect and
weak positions of electrical platform structure were analyzed. It was determined that the average
damping ratio of the first-order mode of the electrical platform was 5.73% and 8.68% with and without
water, respectively. The bidirectional seismic excitation was more dangerous to the structure than
unidirectional excitation. The peak acceleration along the height of the platform showed a typical
whipping effect.

Keywords: offshore electrical platform; dynamic response; earthquake load; laboratory experiment

1. Introduction

Wind power is the main form of wind energy utilization. Due to low cost, eco-friendly and
significant benefits, wind power has drawn the world’s attention as the fastest developing new energy
with great potential. In recent years, the attention of the world wind power industry gradually turns
to offshore wind power. Offshore wind farms, which initially invest several times more than onshore
wind farms, have better wind resources because they are not affected by site and power limitations.
Therefore, an offshore wind farm is far more profitable than an onshore one during the operating
period of the project. At present, the offshore wind power is gradually developing to more open
sea [1,2]. Considering the economy of power transmission, it will be an inevitable choice to adopt the
extra-large electrical platform, such as offshore converter station, for the large-scale offshore wind
power development in the future. The structure of offshore electrical platform is complex, especially
under the combined action of loads caused by wind, wave, current and other environmental factors,
and threatened by sudden extreme loads such as typhoon and earthquake. In addition, with a large
volume of electrical equipment arranged on the deck, the offshore electrical platform is characterized
as a top-heavy structure in the offshore wind farm. The dynamic effect of the structure will aggravate
the vibration problem of the structure. The choice of the platform type is related to the structure
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weight, the geological condition and the marine hydrological parameters. When the total weight
of the superstructure is less than 1000 t, single-pile foundation is usually adopted, while gravity
foundation can be used when the geological conditions are good and the water depth is relatively
shallow. However, when the water depth is large and the total weight of the superstructure exceeds
1000 t, jacket foundation should be considered. Most offshore wind farm and oil platform are located
in the edge of the continental plates. Thus, a strong earthquake is one of the main fracture loads of
marine engineering structures. A strong earthquake could lead to very serious damage, studies on
seismic responses and collapse analysis of the offshore electrical platform is very necessary [3-5].

In recent years, scholars have carried out a lot of theoretical and experimental research on the
structural response of fixed offshore platforms under seismic load. For design specifications for offshore
platforms under seismic conditions, Bea et al. [6] analyzed the seismic response of the traditional
steel jacket platform under strong earthquakes, and verified that American Petroleum Institute (API)
related specifications for the design of an offshore platform structure could guarantee the offshore
platform structure to have good anti-seismic performance. Chandrasekaran and Gaurav [7] analyzed
the dynamic behavior of a triangular tension leg platform under distinctly high sea waves in the
presence of both horizontal and vertical seismic excitations. Huang and Foutch [8] studied the
effect of hysteresis models on the global collapse drift limit, seismic demand and capacity/demand
ratio for moment resisting frame (MRF) structures under seismic loads. Yu et al. [9] developed a
transient dynamic analysis method to study the dynamic characteristics of a jack-up platform in
regular and random waves. Araki and Hjelmstad [10] proposed criteria for assessing the propensity
for dynamic collapse of an elastoplastic structural system. Salem et al. [11] assessed the response
modification factor of open steel platform subjected to seismic loads using both nonlinear static
pushover analysis and nonlinear dynamic time history analysis. Besides, there are a number of studies
on the dynamic characteristics of wind turbine under seismic load. Failla et al. [12] studied the effects of
response-spectrum uncoupled analyses on seismic assessment of offshore wind turbine. Zhao et al. [13]
conducted a fully coupled time domain simulation to investigate the dynamic characteristics of an
ultra-large semi-submersible offshore wind turbine in typical sea states. Prowell et al. [14] carried out
shake table tests on an actual wind turbine in both parked and operational conditions with parallel
and perpendicular orientations of shaking direction. Zheng et al. [15] performed a series of shake
table model tests of a monopile wind turbine foundation in dry flume, low and high calm water
levels, with and without regular or random waves. Wang et al. [16] conducted both a physical model
test and numerical analysis of a multi-pile offshore wind turbine under seismic, wind, wave and
current loads. Sadowski et al. [17] presented an analysis of the seismic response of a steel support
tower of the wind turbine modeled as a near-cylindrical shell structure with realistic axisymmetric
weld depression imperfection. Wang et al. [18] developed an integrated analysis model to analyze the
dynamic characteristics of a bottom-fixed offshore wind turbine under earthquakes. Although there
are many researches on the dynamic response of the jacket platform and wind turbine, the research on
the dynamic characteristics of this kind of top-heavy electrical platform under the earthquake load has
not been reported.

The electrical platform in the offshore wind farm bears a volume of electrical equipment arranged
on each deck. For the offshore converter station platform in open sea, the environmental loads such
as wind, wave, current and earthquake acting on the overall structure are complex alternating and
fluctuating loads, which are likely to gradually stimulate and form excessive vibration response.
Coupled with the large size and weight of the upper block of the converter station, the platform is a
typical top-heavy structure. The dynamic effect of the upper structure may aggravate the vibration
problem of the structure. In this paper, a physical model test is carried out to study the dynamic
characteristics of the electrical platform of a 10,000-ton offshore converter station under seismic load.
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2. Materials and Methods

2.1. Experimental Model Design

Based on the hydroelastic similarity and the previous experiences on the physical model test,
plexiglass was selected as the material for the experimental model [16]. In order to obtain the basic
material parameters of plexiglass, the mechanical test was carried out for the selected plexiglass,
which was used to make the experimental model. According to the results of the mechanical test,
the density of plexiglass material used in the test model was 1201 kg/m?, the static elastic modulus was
2.62 GPa, the Poisson ratio was 0.42 and the dynamic modulus was 3.91 GPa.

2.1.1. Experimental Model Similarity

Considering the dimensions of converter station, marine hydrological parameters and laboratory
conditions, the geometric scale of this test model was 1:60. The model similarity criterion is the key of
this research, and the structural vibration should satisfy the elastic similarity as follows [19]:

ApAa-d3 QA2 = ApAp-du-A >, @

where A, is the density scale, A is the geometric scale, A, is the deformation scale, Af is the elastic
modulus, A; is the time scale, A4 is the sectional area scale and A is the sectional moment of the
inertia scale.

For a structure dominated by bending vibration, the elastic similarity law can be rewritten

as follows:
AZ =AM A AT AR 2)

where A, is the radius of the inertia scale.
Froude number is the ratio of inertial force to gravity. Thus, Froude number similarity represents
the similarity relationship between the inertial force and gravity, which is expressed as follows [20]:

/\v = AO.S/ (3)

where A, is the speed scale.
Considering acceleration scale is Ay = 1, thus,

A = A0S, (4)

Combining the Equations (2) and (4), and simultaneously satisfy elastic similarity and Froude
number similarity, the hydroelastic similarity can be given as follow:

A3 A2 = Ag. (5)

The prototype structural material was steel, and its elastic modulus was 206 GPa. The model
material was plexiglass, and its dynamic elastic modulus was 3.91 GPa. Therefore, the elastic modulus
scale was 52.69. The ratio of the section radius of inertia was 64.027. The similarity relations of other
parameters could be calculated according to the geometric scale and the sectional radius of the inertia
scale. The similarity relations of basic parameters are summarized in Table 1. Some of the similarities
relations related to the section took the platform leg as an example.
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Table 1. The similarity relation of basic parameters for the model design. Taking the platform leg as

an example.
Parameter Similarity Similar scale
Length A 60
Area Aa 1120.7
Volume Ady 67241
Density Ap=1 1
Mass Ap-A-Ag 67241
Speed A0S 7.746
Acceleration Ag =1 1
Time A0> 7.746
Frequency A0S 0.129
Force A3 603
Moment A% 60*
Moment of area AgA2 459 x 10°
Moment of mass AAg-A2 2.76 x 108
Stress A ApAatA, 2 176.3

2.1.2. Geometric Dimension Design of the Experimental Model

With reference to the prototype structure of the electrical platform, the geometric dimensions of
each component of the test model were determined according to the geometric scale and the inertia
radius scale. Schematic diagram of the electrical platform is shown in Figure 1. The parameters of the
superstructure model are shown in Table 2. The lower jacket structure was mainly the cylindrical steel
pipe. The length of the members and the outer diameter of the pile legs strictly followed the geometric
scale; therefore, the hydrodynamic characteristics of the platform could be simulated accurately.
The pipe section of the pile leg was calculated according to the area scale to achieve the accurate
simulation of the elastic response of the structure (see Table 3).

H800
H1000

H1200 P800x24

H1500 P1000x30

H2000

B3000
P1500%40

A\
= A

‘v

P2200x101

P2000%50

~ 4

/ \ R

Figure 1. Schematic diagram of the electrical platform.

89



J. Mar. Sci. Eng. 2019, 7,279

Table 2. Geometric dimension parameters of the superstructure model.

Member Type Model Number Sectional Dimension (mm) Section for Model
Box beam B3000 59.1x23
H2000 455 % 8.6
H1500 34.2%x6.8 Rectangular section
I-beam H1200 27.6 X 6.4 (Height x Width)
H1000 22.8 x5.1
HS800 18.1 x 3.8
P2000 x 50 32x3 Pipe (Outside diameter X
Pipe P1500 x 40 25 x 2 Thickness)
P1000 x 30 22

P800 x 24 18 Solid bar (Diameter)

Table 3. Geometric dimension parameters of the jacket structure model.

Member Type Model Number Sectional Dimension (mm) Section for Model
P2200 x 101 35x%x5 . . .
Pipe P2000 % 50 %3 Pipe (Outside diameter x

P1500 x 40 25 %2 Thickness)

2.1.3. Counterweight Design of the Experimental Model

Due to the difference of the prototype and model material, the weight distribution on the platform
was different. Therefore, the sheet lead was used to balance each component of the model structure in
this study. For the structural mass of the model component, the weight was scaled according to the
mass scale. For the non-structural mass, such as the weight of the equipment, it was scaled as force.
Thus, both gravity similarity and hydroelastic similarity were satisfied. Finally, the balance weight
was 274.4 kg for the superstructure and 76.9 kg for the jacket model. The total weight of the platform
model was 427.8 kg.

2.1.4. Equivalent Pile Design of the Experimental Model

The foundation of the electrical platform was the pile foundation. However, in the laboratory
test, the soil data was difficult to determine. Coupled with the complexity of the seismic load, it was
difficult to directly simulate the interaction between the pile and soil. Therefore, it was necessary to
adopt a simplified approach instead. In this study, the equivalent pile method was used to simulate
the pile—soil interaction of the converter station [21]. Firstly, the finite element model was established
to simulate the nonlinear characteristics between pile and soil based on the p—y method. Then, taking
the structural basic frequency as the constraint condition, the relationship between the equivalent
pile length and pile diameter was determined by adjusting the equivalent pile length. In this study,
the equivalent pile length of the electrical platform model was determined to be seven times the pile
diameter. In the experiment, the 20 piles of the platform were fixed at the vibration table through two
plexiglass plates.

2.2. Laboratory Setup

The laboratory experiments were conducted in a wave and current flume at the State Key
Laboratory of Coastal and Offshore Engineering (SLCOE), Dalian University of Technology, Dalian,
China. The flume was 21.6 m long, 5.0 m wide and 1.0 m deep. The flume was equipped with an
elliptic underwater vibration table (see Figure 2) and earthquake simulating system. Basic parameters
of the earthquake simulating system are shown in Table 4.

Based on the consideration of the structural symmetry, the laboratory experiment of the electrical
platform using an underwater earthquake simulating system was carried out under the typical seismic
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propagation direction, where the normal direction was determined to be the most dangerous direction.
The experimental arrangement is shown in Figure 3.

Figure 2. The elliptic underwater vibration table in the flume.

Table 4. Parameters of the earthquake simulating system.

Parameter Value
Sizes of Shaking Table 4mx3m
Max. Loading Mass 10,000 kg
Max. Horizontal Displacement +75 mm
Max. Horizontal Velocity 50 cm/s
Max. Horizontal Acceleration 10g
Max. Vertical Displacement +50 mm
Max. Vertical Velocity 35 cm/s
Max. Vertical Acceleration 07¢g
Operation Frequency Range 0-50 Hz
Seismic load—x Seismic load—z Platform
— Platfom
P ———
Underwater vibration table Underwater vibration table
C) (b)

Figure 3. The experimental layout of the electrical platform model. (a) Top view and (b) side view.

In this experiment, strain data at some key positions of the platform structure was collected
using some strain gauges (Figure 4) and a data acquisition instrument from the National Instrument
(Figure 5). Waterproof and non-waterproof acceleration sensors (Figure 6) were adopted to measure the
acceleration response at key positions on the platform structure and equipment. The measuring range
of the acceleration sensor was 1.0 g, the accuracy was up to 0.3% and the measuring frequency was up
to 1000 Hz. The displacement response of the structure was measured by the laser displacement meter,
as shown in Figure 7.
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Figure 4. The experimental layout of the strain gauge.

Figure 7. The experimental layout of the laser displacement meter.

2.3. Experimental Conditions

The water depth was 0.32 m during this experiment, and the corresponding prototype water
depth was 19.4 m with the model scale of 1:60. There were no water waves and only the seismic load
was applied during experiments. The dynamic response of the electrical platform structure excited
by different seismic waves would be tested to obtain the time history curve of the dynamic response
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of the jacket electrical platform structure. The seismic loads in this experiment, presented in Table 5,
included four recorded earthquake waves from the ground motion database of the Pacific Earthquake
Engineering Research Center (PEER) and one artificial earthquake wave based on the spectrum of the
APl standard [21]. The four selected seismic spectrums were compared with the standard spectrum,
and the overall error was within 20%.

Table 5. The seismic loads in the experiment.

Seismic Wave Excitation Orientation Water Level
API
RSN169_IMVPALL X Without level

RSN800_LOMAP
RSN1116_KOBE M vl
RSN6988_DARFIELD ean water leve

In order to eliminate the residual strain in the model, a sufficient time interval was set between
two adjacent tests. To study the influence of water damping effect on the dynamic response of the
platform structure, the dynamic response characteristics of the electrical platform under seismic load
were tested with and without water respectively. The excitation direction of seismic wave could be
divided into two working conditions: Unidirectional (x direction) and bidirectional (x and z direction).
The ratio of the peak acceleration was x:z = 1:0.5 for the bidirectional seismic excitation.

2.4. Measuring-Point Arrangement

To measure the structural strain, seven key nodes were selected on the electrical platform and
four strain gauges were arranged in an orthogonal form for each node. Eleven acceleration sensors
were used, including nine on the electrical platform and two on the ground for reference. Along a
pile leg, five displacement sensors were arranged from top to bottom to measure the displacement
response of the structure under the earthquake load (Figure 8).

_" |\‘ V. »"
A%V LY UA

O S — Strain gage
0O J — Acceleration sensor

¢ W— Displacement meter

No.1
Strain gauges at one point

Figure 8. Measurement position of the earthquake response at key nodes of the electrical platform.
2.5. Experimental Uncertainties

The physical model of the electrical platform was made of plexiglass pipes and plates. Although
the model size was carefully designed, there would inevitably be global and local dimension errors
when manufacturing the experimental model. An uncertainty of +1% in the dimensions of model
height, width and pipe diameter might seem realistic.
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The tested seismic wave was converted from the time series of the measured seismic wave.
However, the time series of the output seismic wave acceleration still had some biases. Therefore,
dimensionless results were analyzed and discussed in this study.

There will be some random error in the experiment. Due to various accidental factors, such as the
measurement accuracy of the instrument, the measurement value might deviate from the true value.
In this experiment, the same physical quantity was measured for several times to get the average value,
so as to reduce accidental errors.

3. Results

3.1. Basic Dynamic Parameters of the Electrical Platform

In this section, an experimental study on the dynamic characteristics of the offshore electrical
platform was conducted. By white noise excitation, the structural dynamic parameters such as
structural frequency, mode of vibration and damping ratio were obtained.

3.1.1. Structural Frequency

According to the time-series data of the structural acceleration response collected by the acceleration
sensor, the corresponding power spectral density of each point was calculated. Taking measurement
point J4 for acceleration as an example, the time-series of acceleration response and power spectral
density function at the pile leg with and without water are shown in Figure 9. The frequency
corresponding to the first peak of the power spectral density function was the fundamental frequency
in the normal (x) direction of the model structure. The frequency corresponding to the first peak
of the power spectral density function was the fundamental frequency in the x-direction of the
model structure.
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Figure 9. Time-series of the acceleration response and power spectral density function. (a) Without
water and (b) with water.

The first-order mode frequencies of the electrical platform along the normal direction with and
without water conditions were 5.12 Hz and 4.974 Hz, respectively. The results showed that the
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fundamental frequency of the structure with water was lower than that without water due to the water
induced additional mass of the structure.

3.1.2. Mode of Vibration

The vibration modes of the electrical platform in with/without water states were analyzed under
the excitation of white noise. The power spectral density function of acceleration response data of each
measurement point was calculated. The structural mode of vibration is shown in Tables 6 and 7 for
the electrical platform in with/without water states, respectively. The mode shape of the structure is

shown in Figure 10. The mode showed a relatively high consistency between the presence and absence
of water.

Table 6. Power spectrum peaks of the first and second mode in the without water condition.

Amplitude of First Mode Amplitude of Second Mode
Measuring Height (m) . . - .
Point Original Value Normalized Original Value Normalized

(1074) Value (10-7) Value

]2 0 0.000 0.000 0.000 0.000
J3 0.22 0.882 0.286 ~76.950 -0.339
J4 0.415 1.828 0.593 —191.400 -0.844
J5 0.56 1.800 0.583 —226.900 -1.000
J6 0.76 2.054 0.666 -87.250 -0.385
J7 0.92 2.523 0.818 0.259 0.001
J8 112 3.064 0.993 8.173 0.036
]9 1.306 3.079 0.998 13.470 0.059
J10 1.53 3.085 1.000 24.640 0.109

Table 7. Power spectrum peaks of the first and second mode in water condition.

Amplitude of First Mode Amplitude of Second Mode
Measuring Height (m) .. . . .
Point Original Value Normalized Original Value Normalized

(10-4) Value (10-7) Value

]2 0 0.000 0.000 0.000 0.000
J3 0.22 0.307 0.295 -55.990 -0.364
J4 0.415 0.631 0.608 —-131.600 —0.856
J5 0.56 0.619 0.596 —153.800 -1.000
J6 0.76 0.686 0.660 -57.870 -0.376
J7 0.92 0.846 0.814 0.630 0.004
18 1.12 1.000 0.962 7.823 0.051
J9 1.306 1.038 0.999 11.470 0.075
J10 1.53 1.039 1.000 17.250 0.112

ANNNNNY NN
(@) (b)

Figure 10. Structural mode of vibration. The solid line presents the results without water and the

dotted line presents the results with water. (a) First-order mode of vibration and (b) second-order
mode of vibration.

95



J. Mar. Sci. Eng. 2019, 7,279

3.1.3. Damping Ratio

Taking acceleration data at J10 on the top of the platform as an example, the power spectral
density functions are shown in Figure 11. For without water state, frequency peak of the first-order
vibration mode of the power spectral density function was 3.058 x 107* g?/Hz. The half peak was
1.529 x 10~* g?/Hz. The corresponding frequencies could be obtained from Figure 11a as f1 = 4.767
and f, = 5.347, respectively. Thus, the damping ratio could be defined as follows:
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Figure 11. Power spectral density function of acceleration sensor J10. (a) Without water and

(b) with water.

While, the damping ratio of the vibration mode was 8.68% for the with water state. The results
for different measurement positions are present in Table 8. According to the experimental results,
the average damping ratio of the first-order mode in the x-direction was 5.46% in the without water
state, while it was 8.42% in the with water state. The damping ratio of the platform in water was larger
than that without water. It was determined that the structural damping would increase due to the
existence of water damping when the wind farm electrical platform was exposed in the open sea.

Table 8. Damping ratio of the first-order mode of the platform.

Measuring Mean
Point J3 Ja J5 J6 J7 J8 Jo J10 J11 Value

Without water 5.32% 5.35% 5.26% 5.65% 5.52% 5.36% 5.63% 5.73% 5.34% 5.46%
With water 7.83% 8.67% 8.25% 8.52% 8.66% 8.72% 8.66% 8.68% 7.82% 8.42%

3.2. Strain Response of the Electrical Platform

The time series of the strain response on the pile leg of the electrical platform showed a good
following feature with the seismic excitation (see Figure 12). The strain at the normal positions of the
pile leg was obviously larger than that at the tangential position on two sides. According to the strain
analysis, the ratio of the four strain gauges at the same position in various test conditions remained
basically unchanged. The strain ratios of the four strain gauges at measuring point S1 were averaged
among different seismic excitations and the strain-peak ratios of strain gauges no. 1 to no. 4 were
0.745:0.177:1:0.215. The strain-peak ratios for measuring points S2, S3 and S4 were 1:0.428:0.747:0.153,
0.548:0.378:1:0.429 and 0.897:0.257:1:0.226, respectively.
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seismic wave with a peak ground acceleration of 0.25 g. (a) Strain at strain gauge no. 1, (b) strain at

strain gauge no. 2, (c) strain at strain gauge no. 3 and (d) strain at strain gauge no. 4.
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The structural strain increased with the increase of seismic excitation intensity (see Figure 13).
When the peak acceleration of the input seismic wave was within the range of 0.2 g, the relationship
between the structural strain response and the seismic acceleration was approximately linear. As the
input acceleration of the foundation increased, the peak strain response of the structure changed

nonlinearly due to the nonlinear interaction between water and structure.
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Figure 13. The peak value of the strain response on measuring point S1 for various seismic accelerations.

(a) RSN169_IMVPALL and (b) RSN1116_KOBE.

According to the relationship between the stress and strain of the plexiglass material, the stress of
the structure can be calculated according to the results of the strain. Combined with the stress similarity
relation of model structure and prototype structure, the stress similarity scale of this model test was
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determined to be 176.31. Thus the stress of the structural model could be converted to that of the
prototype structure. For the electrical platform, the structural strength of the upper structure and the
upper and lower joint parts needed more attention. According to the test results, the maximum stress
value at measuring points S3, 54, S5 and S6 reaches 115.8 MPa, 223.1 MPa, 137.4 MPa and 22.1 MPa,
respectively, when the peak acceleration was 0.25 g. The results show that the maximum stress value
on the prototype electrical platform structure was 223.1 MPa.

3.3. Motion Response of the Electrical Platform

The peak acceleration response of the structure was the maximum acceleration response of the
structure under the action of corresponding seismic wave, which is an important index to reflect the
seismic response of the structure. Overall, the acceleration response peak at different positions of the
structure increased with increasing input seismic excitation. Due to the damping effect of water on the
structure, the peak acceleration response of the structure varied nonlinearly with the input acceleration.
The peak value of the acceleration responses for various seismic accelerations of the artificial and
observed seismic wave is presented in Figure 14.
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Figure 14. The peak value of the acceleration response for various seismic accelerations. (a) API and (b)
RSN169_IMVPALL.

Under the action of different seismic waves, the peak accelerations at different positions on the
structure were mainly concentrated around 5 Hz and 25 Hz, which was the 1st- and 2nd-order mode
frequencies in the x-direction of the structure (see Figure 15). By comparing the acceleration response
results in the frequency domain of the acceleration sensors arranged along the pile leg, it could be seen
that the peak value of the acceleration frequency domain results of the jacket structure at the bottom
of the platform not only appeared near the frequency of the first vibration mode of the structure,
but also produced obvious high-frequency components. For the acceleration sensors arranged on the
superstructure of the platform, the peak value of acceleration in the frequency domain was mainly
concentrated near the 1st-order mode frequency of the structure. The low-frequency component
excited was relatively obvious. The frequency of acceleration transited from high frequency to low
frequency along the height direction.

The displacement response of the structure in the horizontal direction was measured by the laser
displacement sensor. The time-history curve of displacement response arranged at the five measuring
points of the jacket and the superstructure of the platform is shown in Figure 16. The results show
that the electrical platform would produce a significant displacement response under the excitation of
seismic load. For different positions of the structure, the response trends were consistent. Overall,
the displacement response amplitude of the platform structure was larger than the input value of the
vibration table. It was indicated that the displacement response amplitude of the electrical platform
had a certain dynamic amplification effect under the excitation of a seismic load. In this paper, the peak
displacement response of the platform structure under five different seismic waves was analyzed. The
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results show that the peak displacement response of the platform under the action of seismic wave
RSN800_LOMAP was the largest. The maximum displacement response was found at the top of the
platform with 5.17 mm, corresponding to the prototype value of 0.31 m.
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Figure 15. The peak value of the acceleration response for various seismic accelerations. (a) API and (b)
RSN169_IMVPALL.
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Figure 16. Time series of displacement response under the API seismic wave with a peak ground
acceleration of 0.25 g.

4. Discussion

4.1. The Effect of Water Damping

The experimental results show that the damping of the structure under the normal water level
condition was larger than that without water. In general, the peak value of strain of the structure in with
water state was smaller than that without water. This was consistent with that of the platform structure
that experienced larger damping ratio under the normal water level condition. It was indicated that
the strain response of the structure under the action of earthquake was suppressed due to the influence
of water damping. Under the action of different seismic waves, the structural strain response of the
electrical platform showed the same variation of the strain peak. Therefore, only the results under the
action of API seismic wave are present here (see Figure 17).
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Figure 17. Structural strain response of the electrical platform in the with/without water condition
under API seismic wave. (a) The strain response of S1 and (b) the strain response of S2.

Water damping had a significant influence on the acceleration response of the platform structure
(see Figure 18). It could be seen from the distribution of structural peak acceleration at the representative
positions that the peak acceleration of the structure under the condition of no water was greater than
that with water. This was mainly due to the damping effect of water. It was indicated that the existence
of water was beneficial to the stability of the structure under the action of an earthquake.
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Figure 18. Structural peak acceleration of the electrical platform in the with/without water condition
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under the API seismic wave. (a) The acceleration response of J10 and (b) the acceleration response
of J11.

4.2. The Effect of the Seismic Loading Mode

Taking the RSN1116_KOBE wave as an example, the dynamic response of the electrical platform
under a unidirectional and bidirectional earthquake was compared (see Figure 19). With the increase
of input peak acceleration, the strain response of the structure under unidirectional and bidirectional
seismic action increased. In addition, the strain response peak value was approximately 35% larger
on average in the case of bidirectional earthquake than that of a unidirectional earthquake. It can be
considered that the bidirectional seismic load will cause stronger structural strain response, which is
more harmful to the safety of the structure.

In the case of with and without water, the peak acceleration at different positions of the platform
structure is shown in Figure 20. Under the action of the bidirectional seismic load, the acceleration
response of the structure was greater than that under the unidirectional load. With the presence of water,
the maximum increase of acceleration response of the structure, ~23.66%, occurred at measuring point
J7. While in the dry mode, the maximum increase of the acceleration response of the structure, ~23.46%,
occurred at measuring point J8. For both the with and without water conditions, the average increment
of the acceleration response of the structure under a bidirectional seismic load was 18.86% and 15.87%,
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respectively, which showed a significant influence. For the same seismic wave, the variation trends of
the acceleration response in the height direction were consistent under unidirectional and bidirectional
loads for both the with and without water conditions. It was indicated that the presence of water
would affect the acceleration amplitude, but not significantly affect the effect of the unidirectional and
bidirectional seismic loads.
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Figure 19. Structural strain response of the electrical platform under a unidirectional and bidirectional
seismic wave. (a) The strain response of S1 and (b) the strain response of S2.
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Figure 20. Structural peak acceleration of the electrical platform under a unidirectional and bidirectional
seismic wave. (a) With water and (b) without water.

4.3. The Trend of Peak Acceleration in the Height Direction

According to the experiment results of acceleration at different locations, the peak acceleration in
the height direction of the platform were obtained. A quadratic polynomial fitting using the least square
method was conducted based on measured results at various heights along the pile leg for different
seismic waves (see Figure 21). Under the excitation of different seismic waves, the distribution of the
peak acceleration of the structure along the height of the platform decreased first and then increased.

Since the bottom of the structure was close to the seismic source, the structural response would
follow the input of ground acceleration. However, the top of the platform would produce a certain
whipping effect [22,23]. With the joint action of the above two characteristics, the peak acceleration of
the structure decreased first and then increased along the height of the platform. Overall, this trend
accords with the dynamic response characteristics of a structure under the earthquake load. For an
offshore electrical platform of the wind farm, there is a number of important electrical equipment inside
the superstructure. Therefore, reducing the whipping effect of the platform is extremely important for
the security and stability of the system.
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Figure 21. The variation trend of peak acceleration in the height direction of the platform by bidirectional
seismic excitation in water.

5. Conclusions

In this study, a physical model test was carried out to investigate the dynamic characteristics

of a 10,000-ton offshore converter station platform under seismic load. The acceleration response,
displacement response and stress response of the offshore electrical platform under the typical direction
of seismic action were obtained. The main conclusions were summarized as follows:

1)

The effect of the environment on the structural dynamic characteristics was analyzed. The average
damping ratio of the first-order mode of the electrical platform was 5.73% and 8.68% in the
conditions of with and without water, respectively. The damping ratio of the structure in water
was greater than that in the dry mode. Due to the influence of water damping, the peak of the
strain and acceleration of the platform structure in water were smaller than those in the dry mode.
The unidirectional and bidirectional seismic excitations had a significant influence on the dynamic
characteristics of the structure. At each location of the structure, the peak value of the strain
response under bidirectional seismic excitation was generally larger than that under unidirectional
seismic excitation. It could be determined that the bidirectional seismic excitation was more
dangerous to the structure.

The peak acceleration along the height of the platform structure decreased first and then increased,
which showed a typical whipping effect. The dynamic response characteristics of the electrical
platform under different seismic loads were generally consistent.

The weak positions of electrical platform structure were found in the experimental study.
According to the analyzed data, the strain on the pile leg at the mud surface was the largest.
In addition, large strains and stresses were generated at the connections between the superstructure
and the jacket. It was indicated that the connections were the weak positions of the electrical
platform under a dynamic load.
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Abstract: In this paper, the interaction between level ice and wind turbine tower is simulated by the
explicit nonlinear code LS-DYNA. The isotropic elasto-plastic material model is used for the level
ice, in which ice crushing failure is considered. The effects of ice mesh size and ice failure strain on
ice forces are investigated. The results indicate that these parameters have a significant effect on
the ice crushing loads. To validate and benchmark the numerical simulations, experimental data
on level ice-wind turbine tower interactions are used. First, the failure strains of the ice models
with different mesh sizes are calibrated using the measured maximum ice force from one test. Next,
the calibrated ice models with different mesh sizes are applied for other tests, and the simulated
results are compared to corresponding model test data. The effects of the impact speed and the size
of wind turbine tower on the comparison between the simulated and measured results are studied.
The comparison results show that the numerical simulations can capture the trend of the ice loads
with the impact speed and the size of wind turbine tower. When a mesh size of ice model is 1.5 times
the ice thickness, the simulations can give more accurate estimations in terms of maximum ice loads
for all tests, i.e., good agreement between the simulated and measured results is achieved.

Keywords: ice crushing; ice load; finite element method; wind turbine tower; numerical simulation

1. Introduction

With the growing renewable energy demands and the increasing concern about environmental
pollution, the development of renewable energy harnessing has been paid more and more attention.
As a sort of clean energy, wind energy has become the most promising renewable energy after
decades of development. Compared with the land-based wind, offshore environment has more
abundant wind energy resources with higher quality, and OWTs could avoid the problems of land
acquisition and noise [1]. However, a key technology challenge for OWTs is operation in cold climates,
i.e., the possibility of the structure interaction with floe ice enhances while operating in cold regions.
For example, the Great Lakes are the most promising locations for the OWTs in the United States.
The lakes are often substantially ice covered for the entire winter, and have wind and sea current driven
ice floes at times [2]. An OWT operating under wind and ice conditions is shown in Figure 1. Ice loads
should be taken as one of the important environmental impacts in addition to the aerodynamic loads.
Therefore, it is necessary to predict the ice loads caused by the level ice-OWT interaction.
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Wind

Level ice impact

Figure 1. OWT exposed to wind field and in contact with ice.

The interaction between an OWT and level ice is a complex process. The magnitude and time
variation of the ice loads depend strongly on the geometry of the wind turbine, the ice thickness, the ice
strength, and their impact velocity. There are various ice failure modes observed in the ice-structure
interaction. Typically, for level ice, bending, buckling, cracking/splitting, or crushing could take
place, which is strongly governed by the shape of the structure at the water level [3,4]. The sloping
shapes cause the level ice to fail by bending, whereas the vertical shapes induce the level ice to fail
by crushing [5]. The level ice is weaker in bending than crushing. Therefore, the implementation of
sloping shapes for OWTs can effectively reduce the magnitude of ice loads. Many model tests have
verified the lower ice loads on a conical structure than on a cylindrical structure of similar size [6-8].
However, the application of sloping shapes will induce larger wave loads and enhance the foundation
costs because of the additional material near the water level.

Many studies have been carried out to investigate the interaction between ice and cylindrical or
sloped structures by model tests, full-scale tests and numerical simulations [9-14]. Yue et al. conducted
full-scale tests on a cylindrical compliant monopod platform to investigate the dynamic ice forces and
structure vibrations generated by crushing failure of the ice sheet [15]. The test results showed that three
ice force modes take place in the loading speeds which make ice fail in ductile, ductile-brittle transition,
and brittle range respectively. Kuutti et al. simulated ice crushing against a rigid vertical structure using
cohesive surface methodology [16]. The simulated crushing forces agreed well with the experimental
results. Lu et al. and Wang et al. carried out numerical simulations of interactions between level ice
and sloping structure using the cohesive element method [17,18]. Zhou et al. proposed a numerical
model to simulate the non-simultaneous crushing force acting on the cylindrical structures of wind
turbines [19]. It was observed that the simulation results agree well with the measured data from the
model tests in terms of the maximum ice force. Ranta et al. simulated ice rubble-structure interaction
processes based on arbitrary Lagrangian-Eulerian finite element method [20]. However, there was a
lack of validation on the characteristics of the obtained rubble pile geometries.

Some researchers focus on the predictions of the coupled dynamic loads and responses of an
OWT [2,21]. Shi et al. studied the dynamic ice-structure interaction of a monopile-type OWT in drifting
level ice in both parked and operating conditions by coupling a semi-empirical numerical model to
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the aero-hydro-servo-elastic simulation tool HAWC?2 [22]. The effects of ice drifting speed and ice
thickness were investigated by using the coupled dynamic analyses. It was found that the effect of
the ice thickness on the response is significant, whereas the effect of drifting speed on the bending
moment response in the fore-aft direction is negligible. Wells developed a simulation tool to study the
effects of ice on both cylinder- and cone-shaped OWTs [23]. The simulation results indicated that the
surface ice sheet loads can be much larger than the wind loads and could be the driving parameters
of the OWT foundations design in areas where ice can occur. Heinonen and Rissanen conducted a
feasibility study of the FAST simulation software to investigate the structural performance of OWTs [4].
They studied the ice interaction with vertically shaped structures at the water line and taking into
account the coupling between the ice, wind, and structural response. However, there is a limitation in
the ice model for describing a brittle crushing process.

For the load design, the ice crushing is the most important since it causes the biggest force and
might induce severs steady-state vibrations as well [24]. When the cylindrical structures are interacting
with drifting ice (of thickness 0.2 m and more), the ice crushing failure action can generate as high
dynamic forces as 5 MN and are of critical concern for the structural designers [25]. Therefore, it is
necessary to investigate the dynamic interaction between level ice and vertical structures where ice
crushing failure takes place. Most of the present works established the ice forces from the existing ice
models, in which the dynamic interaction process and the ice crushing failure could not be simulated.

This paper focuses on the numerical study to predict the ice crushing force acting on the
cylindrical OWT foundation based on the nonlinear finite element method, in which the dynamic
interaction process is simulated. The isotropic elasto-plastic material model is used for level ice to
simulate ice crushing failure. The effects of ice mesh size and failure strain on the ice forces are
investigated. Model tests on the interaction between level ice and nearly vertical wind turbine tower
are used to calibrate and validate the numerical simulation results. Four impact cases are considered.
The comparisons between the simulated and measured results including the maximum, mean, standard
deviation, and time series of the ice forces are made. In addition, the studies on the effects of the impact
speed and the size of wind turbine tower on the comparison are carried out.

2. Experimental Data

This section presents the experimental data used to calibrate and verify the numerical simulation
results. The tests were conducted by Wu et al. at [26] the ice Basin of Tianjin University. The interaction
between level ice and wind turbine tower was considered. The experimental scale was chosen to be
1:20. The force in full scale Fy is calculated by the following equation:

Fp=FpA3 Q)

The test represents the impacts between a 0.4 m thickness level ice and the monopile foundations
of a 3-MW and a 4-MW wind turbine towers at speeds varying from 0.05 to 1.2 m/s in full scale.
The target thickness of the level ice is 0.4 m in full scale. The bending and crushing strength of the
level ice are expected to be 0.6 MPa and 2.06 MPa in full scale, respectively. A total of 12 impact
tests were conducted. Tests #304, #306, #404, and #406 are selected for the analysis because the brittle
ice crushing failure took place in these tests and the time histories of ice forces for these tests were
available. The specific test matrix and the ice properties are given in Table 1.
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Table 1. Test matrix and measured ice conditions (in full scale).

Test Wind Turbine  Ice Thickness Bending Crushing Ice Drifting
Tower (m) Strength (kPa)  Strength (kPa) Speed (m/s)
#304 3 MW 0.4 572 1980 0.6
#306 3MW 0.4 664 2122 1.2
#404 4 MW 0.4 572 1980 0.6
#406 4 MW 0.4 664 2122 1.2

Figure 2 shows the geometry of the 3-MW and 4-MW monopile wind turbine towers.
The foundations of the wind turbine towers are nearly vertical structures. The diameter of the
3-MW and 4-MW monopile wind turbine towers at waterline is 5.30 m and 5.83 m in full scale,
respectively, and their slope angle is 87.2 degrees and 88.3 degrees, respectively.

An ice force experiment scenario for a 3 MW model test is shown in Figure 3. A force transducer
measured the ice loads using a data acquisition system with a sampling frequency of 100 Hz.

464 m 570 m

/I e N

1410 m

A

e el
6.00 m 6.56 m

Figure 2. The geometry of the 3-MW and 4-MW wind turbine towers in full scale.

Figure 3. Photograph of a 3-MW model test from Zhou et al. [19].
3. Numerical Analysis

This section details the finite element modeling, the material models, and major results.
All simulations were run on an 8 CPU workstation with Inter 3.60 GHz processors and 16.0 GB
of RAM. The software used was LS-DYNA version R700 with double precision. LS-DYNA software has
a number of contact algorithms and a large suite of material types that can be chosen for the interacting
structures. It has been widely used to simulate ice-structure collisions. Patran software was used for
the modeling and generation of meshes for the study.

3.1. Model Description

Figure 4 shows the numerical domain of the simulations. The dimensions of the level ice
are 55 m X 55 m x 0.4 m. The ice model extent is sufficient to minimize the effect of boundary
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conditions. The dimensions of the wind turbine towers in the numerical models are the same as the
experimental models.

Figure 4. Numerical model of ice-structure interaction.

The ice is modeled using eight-node solid elements. The wind turbine towers are discretized
using four-node Belyscho-Tsay shell elements. The mesh size for the level ice is approximately
0.6 m X 0.6 m x 0.4 m, in which there is only one layer of meshes in the vertical direction. The wind
turbine towers are meshed with an element size of 0.4 m. The number of elements for the ice and the
wind turbine towers are 151250 and 1645, respectively.

To avoid the initial penetration and numerical instabilities, the translational velocity of the wind
turbine tower at water plane ramps up from 0.0 m/s to 1.2 m/s before the impact occurs. After it reaches
1.2 m/s, the velocity is kept to be constant throughout the rest of the simulations. This can be achieved
by using the LS-DYNA command “boundary prescribed motion rigid” with define curve. LS-DYNA
offers a large number of contact types. The contact between the level ice and the wind turbine tower
is implemented through the contact-eroding-surface-to-surface formulation, which is used with the
segment-based contact option (soft = 2) in LS-DYNA. This eroding contact type contains logic which
allows the contact surface to be updated to consider the ice element deletion [27]. The ice is defined as
“slave “segment and the wind turbine tower is defined as “master” segment, a search for penetration
of a “slave” node through the “master” segment is made every time step. When a penetration is found,
a contact force proportional to the penetration depth is applied to resist and ultimately eliminate the
penetration. The contact force is contained in the “rcforc” file produced by using a database-rcforc
command. In order to consider the self-contact of the ice component, the contact-eroding-single-surface
contact type which is the most widely used contact options in LS-DYNA is applied for the ice model.
Both static and dynamic coefficients of friction are set to 0.15 at all the contacts, which is a reasonable
assumption for the friction between the ice and the steel surfaces.

3.2. Material Models

For finite element analyses of ice-structure interactions, the constitutive material model for the
ice is a critical factor to accurately predict maximum ice forces [28]. Wang et al. proposed an ice
model for the interaction between sloping marine structure and level ice by using the cohesive element
model [18]. In their model, the isotropic elasto-plastic linear softening constitutive model proposed by
Hilding et al. was introduced to present the microscopic crushing of the ice sheet, while the bending
failure of ice sheet was caused by the failure of cohesive elements [29]. In our case, the slope angle
of the wind turbine towers is close to 90 degree. The ice crushing is in the dominant failure mode
during the interaction between the level ice and the wind turbine towers. Therefore, the isotropic
elasto-plastic material model is used for the level ice in this paper.

Figure 5 shows the relationship between the yield stress and effective plastic strain for the ice
model. The effective plastic strain is defined as:
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el = f (ZD'DP)  at ()
0

370 df

The ice performance is assumed to have three stage states: The ice material is elastic before
reaching the crushing initial point; after the first crack, the ice material shows a linear softening
behavior; when the ice is totally crushed, it behaves as a viscous fluid. To describe the ice behavior,
the “mat-piecewise-linear-plasticity” material type from LS-DYNA's suite of material types is used
here, in which an elasto-plastic material with the yield stress versus strain curve and failure based on a
plastic strain can be defined. For the wind turbine towers, the rigid material model is used, in which
the deformation of the structure during interaction is not considered. The input material parameters to
both the level ice and the wind turbine towers models are given in Table 2.
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Figure 5. Hardening curve for ice material model.
Table 2. Material parameters used in the simulations.
Items Level Ice Wind Turbine Towers
Density (kg/m3) 900 7850
Young’s modulus (GPa) 2 210
Poisson ratio (-) 0.3 0.3
Yield stress (MPa) 2.06 -
Failure strain (-) 0.2 -

3.3. Effect of Ice Mesh Size

To investigate the effect of the ice mesh size on the ice force, four meshes with characteristic
element lengths of 0.2 m, 0.4 m, 0.6 m, and 0.8 m are considered, and corresponding size ratio (mesh
size/ ice thickness) is 0.5, 1, 1.5, and 2, respectively. It is noted that there are two layers of meshes in the
vertical direction for mesh size of 0.2 m, and only one layer for other mesh size (shown in Figure 6).
The ice failure strain of 0.2 is used in all simulations. The other parameters are equal to the basic values
according to the setup of test #306.

(@) (b)

Figure 6. Side view of ice model: (a) mesh size of 0.2 m (b) mesh size of 0.8 m.
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Figure 7 shows the horizontal ice force histories for different ice mesh sizes. It is found that the ice
mesh size has a significant effect on both the fluctuated frequency and peak forces. With the refinement

of mesh, the frequency increases, while the peak forces decrease. The mean and standard deviation of
force are calculated by the following equations:

1 N
Fmean:ﬁzill:i (3)

N
G:J%Z(F‘i_l:meun)z 4)

1
The comparison of the mean, standard deviation, and maximum forces are tabulated in Table 3.
The simulated maximum force varies from 1.88 MN to 4.34 MN. Figure 8 shows the mean, standard
deviation, and maximum forces varying with the mesh size. It is shown that the simulation with coarse
mesh yields higher standard deviation and maximum force. Overall, both the standard deviation and
maximum forces present an approximately linear relationship with the mesh size. However, for the
mean force, the simulated values with different mesh sizes are around 0.86. The simulated results

indicate that the mesh size has a significant effect on both the standard deviation and the maximum
loads, while it has a slight effect on the mean load.
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Figure 7. Ice force histories from the simulations with different mesh sizes.
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Table 3. Comparison of the ice forces for the simulations with different mesh sizes.

Mesh Size (m) 020 040 060  0.80
Mean (MN) 088 083 098 087
Std. (MN) 035 059 070 111

Maximum (MN) 1.88 2.65 3.20 4.34
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Figure 8. The mean, std. and maximum forces varying with the mesh size.

3.4. Effect of Ice Failure Strain

To investigate the effect from the ice failure strain, numerical simulations of the interaction between
the level ice and the 3 MW wind turbine tower with different failure strain coefficients are carried out.
The values of the ice failure strain in different simulations are set as 0.15, 0.2, 0.25, and 0.3, respectively.
The other parameters are kept constant and equal to the basic values according to the setup of test #306
where the drift speed is 1.2 m/s in full scale.

Figure 9 shows the comparison of the horizontal ice force histories for various failure strains. It is
observed that the fluctuated frequencies in the four curves are similar. The peak load increases with
increasing failure strain. The mean, standard deviation, and maximum values are listed in Table 4
and these values varying with failure strain is shown in Figure 10. It is seen that the mean, standard
deviation, and maximum forces present a linear increasing tendency with the larger failure strain.
The linear curves which are fitted to the simulated mean, standard deviation, and maximum data
are also presented in the figure, in which the slope of the curves is 4.48, 1.76, and 11.68, respectively.
The simulated results indicate that the failure strain plays an important role in the simulated ice forces.

Table 4. Comparison of the ice forces for the simulations with different failure strains.

Failure Strain 0.15 0.20 0.25 0.30
Mean (MN) 0.70 0.98 121 137
Std. (MN) 0.59 0.70 077 086

Maximum (MN) 2.38 3.20 3.67 4.17
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Figure 9. Ice force histories from the simulations with different failure strains.
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Figure 10. The mean, standard deviation, and maximum forces varying with the failure strain.

In summary, both the ice failure strain and the ice mesh size are crucial to ice force, including
the mean, standard deviation, and maximum values. In addition, the fluctuated frequency is lower
in the simulation with coarse mesh. Therefore, the failure strain should be determined from the
numerical simulation with a given mesh size and the parameters should be calibrated using available
experimental data.
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4. Comparison of the Numerical Simulations and Test Results

This section presents the comparisons of the horizontal ice force histories, maximum, mean,
and standard deviation values between the simulated and measured results for tests #306, #304, #404,
and #406. Four groups of meshes are considered.

4.1. Comparison of Test #306

According to the results from Sections 3.3 and 3.4, the selections of ice failure strain for different ice
mesh sizes are justified by a trial and error procedure which yields the better results for the maximum
load, i.e., the simulated maximum force for the interaction between the level ice and the 3-MW wind
turbine tower is in good agreement with the experimental measurement for test #306.

The ice failure strains of 0.43, 0.29, 0.2, and 0.12 are determined for using in the numerical
simulations with the mesh size of 0.2 m, 0.4 m, 0.6 m, and 0.8 m, respectively. The relationship between
the failure strain and the size ratio is shown in Figure 11. It is observed that the failure strain decreases
with increasing size ratio. In this figure, an exponential curve y = Ce*, where C = 0.67 and A = —0.84,
is fitted to the simulation data. It is shown that the difference between the two curves is small, in which

the coefficient of determination R? is equal to 0.99. The results indicate that y = 0.67¢7%8% can be
adopted to describe the relationship between failure strain and size ratio for this case.
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Figure 11. Relationship between failure strain and size ratio.

Figures 12-15 show the comparison of horizontal ice force histories between the simulations and
measurement for test #306. In general, both the simulated and measured ice forces present strong
nonlinear and vibrating behavior, and their trends are similar. It is observed that all simulations
capture the maximum force well. Overall, the simulation with mesh size of 0.2 m gives better results:
most of the peak and valley values are around 2.8 MN and 0.8 MN, respectively (see the dash line in
Figure 12), which are in good agreement with the model test. However, the valley values in the other
simulations are much smaller than the measurement, especially in the simulation with mesh size of
0.8 m. It can be seen that the zero forces obtained from the simulation with mesh size of 0.8 m are much
more than those obtained from the other simulations and the model test (see Figure 15). This is mainly
because the accumulation and sliding forces from the interaction between the wind turbine tower and
the ice fragments are not considered in the simulations where the failed ice elements are removed.
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With increasing mesh size of ice, the simulated ice breaking length increases, and consequently the gap
between the wind turbine tower and the unbroken ice sheet will increase.
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Figure 12. Ice force histories from the simulation with mesh size of 0.2 m and measurement for test #306.
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Figure 13. Ice force histories from the simulation with mesh size of 0.4 m and measurement for test #306.
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Figure 14. Ice force histories from the simulation with mesh size of 0.6 m and measurement for test #306.
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Figure 15. Ice force histories from the simulation with mesh size of 0.8 m and measurement for test #306.
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To have a better understanding of the icebreaking process, Figures 16 and 17 give the partial
magnification snapshots of the ice sheet at t = 10 s in the simulation with mesh sizes of 0.2 m and 0.8 m.
It is obviously shown that there is a big gap between the wind turbine tower and the unbroken ice sheet
in the simulation with mesh size of 0.8 m, which results in many zero forces. For the simulation with
mesh size of 0.2 m, full contact between the structure and the ice can be found, which means that the
interaction between the structure and the level ice is continuous. This phenomenon can explain why
the mesh size affects the forces. Figure 18 shows an ice crushing scenario from test #306. It is seen that
there are many small ice pieces accumulating in front of the wind turbine tower during the interaction.
However, there is no interaction between the wind turbine tower and the broken ice pieces as failed
ice elements are removed in the simulations. This limitation of element deletion in the numerical
simulations results in the differences of the ice forces between the simulated and measured results.

Figure 16. An image extracted from the simulation with mesh size of 0.2 m at t =10s.

Figure 17. An image extracted from the simulation with mesh size of 0.8 matt=10s.

117



J. Mar. Sci. Eng. 2019, 7, 439

Pulverized ice pile
Small ice pieces

Figure 18. An image extracted from test #306.

The simulated results including the mean, standard deviation, and maximum loads for different
mesh sizes are presented in Table 5. In addition, the corresponding model test data are given for
comparison. The comparison shows that the discrepancy of the maximum ice force between the
simulated and measured results is small for all mesh sizes. The largest discrepancy is 2.82% for mesh
size of 0.8 m, and the smallest is only 0.3% for mesh size of 0.6 m. However, the mean load decreases
with increasing mesh size. It is also found that the simulation with mesh size of 0.2 m provides
better predictions of mean load and standard deviation than the other simulations, i.e., there is a good
agreement between the simulation with mesh size of 0.2 m and the experiment. The discrepancies
of the mean load and the standard deviation are 3.1% and 3.3%, respectively. The simulations when
the mesh size is larger than 0.2 m underestimate the mean load, while overestimating the standard
deviation. This is due to more zero forces in the simulations with larger mesh size.

Table 5. Comparison between the simulated and measured results for test #306.

Numerical Simulations (MN)

Model Test
Items Mesh Size Mesh Size Mesh Size Mesh Size O(I\ZN)es
0.2m 0.4m 0.6 m 0.8 m
Maximum 3.21 3.21 3.20 3.28 3.19
Mean 1.64 1.16 0.98 0.55 1.59
Std. 0.62 0.67 0.70 0.70 0.60

Figures 19-22 show the spectra of the ice force from the measurement and simulations with
different mesh sizes for test #306. It is observed that the main frequency in the measurement is 1.05 Hz,
compared to 6.05 Hz in the simulation with mesh size of 0.2 m, 3.05 Hz in the simulation with mesh
size of 0.4 m, 2.05 Hz in the simulation with mesh size of 0.6 m, and 1.55 Hz in the simulation with
mesh size of 0.8 m, which indicates that the main frequency in the simulation with larger mesh size is
lower and closer to the experimental data. It is noted that there is a good agreement of a peak between
the simulation with mesh size of 0.6 m and the measurement at the frequency at 1.05 Hz.
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Figure 19. Spectrum of ice force from the simulation with mesh size of 0.2 m and measurement for
test #306.

1800, T T T T T T T

—test data
1600 --mesh size 0.4 m||

1400, -

-
o N
[= N =]
OO

800F: 7

Amplitude (KN)

Frequency (Hz)
Figure 20. Spectrum of ice force from the simulation with mesh size of 0.4 m and measurement for
test #306.
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Figure 21. Spectrum of ice force from the simulation with mesh size of 0.6 m and measurement for
test #306.
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Figure 22. Spectrum of ice force from the simulation with mesh size of 0.8 m and measurement for
test #306.

In summary, the simulations when the relationship between failure strain and size ratio is
y = 0.67¢7984 can provide an accurate prediction of maximum ice force for test #306. When comparing
the ice force histories between the simulated and measured results, more zero forces are found in the
simulations when the mesh size is larger than 0.2 m. Besides, the simulations overestimate the main
frequency than the model test.

4.2. Comparison of Test #304

It is interesting to investigate the effect of the impact speed on the comparison between the
simulated and measured results. Therefore, test #304 is simulated, in which the impact speed is 0.6 m/s.
The other parameters and mesh size are the same as they are in Section 4.1.

The time series of the horizontal ice forces from both the simulations and the measurements for
test #304 are given in Figures A1-A4. The comparisons show similar ice force characteristics with those
for test #306. The maximum, mean, and standard deviation values derived from the simulated and
measured ice forces are presented in Table 6. The comparison shows that the simulation with mesh
size of 0.6 m provides a more accurate prediction of maximum ice force than the other simulations.
The discrepancy between all simulated and measured maximum force ranges from 0.6% to 6.9%.
In addition, the mean ice force decreases with increasing mesh size, and the mean value obtained from
the simulation with mesh size of 0.4 m is closest to the measured data. All simulations overestimate
the standard deviation.

It is concluded that there is a good agreement between all simulated and measured results with
regard to the maximum ice force, which is consistent with the conclusion for test #306. The results
indicate that the impact speed has little effect on the comparison of maximum ice forces between the
simulations with different mesh sizes and the model tests.

Table 6. Comparison between the simulated and measured results for test #304.

Numerical Simulations (MN)

Model Test
Items Mesh Size Mesh Size Mesh Size Mesh Size (MN)
0.2m 04 m 0.6 m 0.8 m
Maximum 3.25 3.28 3.47 3.37 3.49
Mean 1.63 1.13 0.94 0.57 1.15
Std. 0.66 0.72 0.75 0.73 0.60

4.3. Comparison of the Tests #404 and 406

To investigate the effects of the dimension of the wind turbine tower on the comparison between
the simulated and measured results, test #404 and test #406 are also simulated, in which a 4 MW wind
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turbine tower is used. The drift speeds in test #404 and test #406 are 0.6 m/s and 1.2 m/s, respectively.
The other parameters and mesh size are the same as they are in Section 4.1.

The maximum, mean, and standard deviation values obtained from both the simulated and
measured ice forces for test #404 are presented in Table 7. It is observed that the maximum ice force
calculated from the simulation with mesh size of 0.6 m fits well with the measured result in which
the discrepancy is 2.1%. The discrepancy between the other simulations and the measured results
ranges from 10.8% to 21.2%. For the mean force, the simulation with mesh size of 0.2 m is closest to
the measured results. In addition, the standard deviation is higher than the model test data when the
mesh size is larger than 0.2 m.

The comparisons for test #406 are shown in Table 8. Similar results with test #404 are found.
The maximum ice force obtained from the simulation with mesh size of 0.6 m and the mean force
obtained from the simulation with mesh size of 0.2 m are closest to the measured results, in which the
discrepancies are 9.3% and 1.8%, respectively. The discrepancy of maximum force between the other
simulations and the measured results ranges from 13.3% to 23.7%.

Table 7. Comparison between the simulated and measured results for test #404.

Numerical Simulations (MN)

Model Test
Items Mesh Size Mesh Size Mesh Size Mesh Size (MN)
0.2m 04 m 0.6 m 0.8 m
Maximum 3.35 4.71 4.16 4.85 4.25
Mean 1.73 1.35 0.85 0.75 1.58
Std. 0.49 1.01 1.02 1.00 0.85

Table 8. Comparison between the simulated and measured results for test #406.

Numerical Simulations (MN)

Model Test
Items Mesh Size Mesh Size Mesh Size Mesh Size (MN)
0.2m 0.4 m 0.6 m 0.8 m
Maximum 3.26 4.61 4.11 4.65 3.76
Mean 1.74 1.37 0.84 0.76 1.71
Std. 0.45 0.97 0.96 0.93 0.72

5. Discussion and Conclusions

In this paper, numerical simulations of the interaction between level ice and wind turbine tower
have been performed using software LS-DYNA. The study confirms that both the mesh size and the
failure strain of the ice model play a significant role in the simulated ice forces. With the refinement
of mesh size, the simulated maximum ice force decreases, while the fluctuated frequency of ice force
increases. The mesh size influences both the maximum load and the load frequency greatly. This finding
is similar to those in Wang et al. and Lu et al. for simulating ice-sloping structure interactions [17,18].
It is also found that the mean, standard deviation, and maximum values derived from the simulated ice
forces increase with increasing failure strain. The failure strain of the ice model is not a strictly material
property but rather a numerical remedy to excessive mesh distortions. Therefore, its application to the
simulation of a physical phenomenon requires the calibration with experimental results.

In our study, the measured maximum ice force derived from test #306 is used to calibrate the
failure strain of the ice model with different mesh sizes. The relationship between failure strain and
size ratio is obtained, i.e., y = 0.67¢7"84*, It is found that a larger failure strain should be applied
for the simulations with smaller mesh size to achieve an accurate prediction of maximum ice force.
This is due to the combined effect of mesh size and failure strain on the simulated ice force. In order to
investigate the effect of the impact speed and the wind turbine tower diameter, the same numerical
models are applied to simulate the interaction for tests #304, #404, and #406.

It is found that a mesh size (0.6 m) that is 1.5 times the ice thickness (0.4 m) predicts maximum
ice force with reasonable accuracy for all tests (see Figure A5), in which the discrepancy between the
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simulations and the model tests ranges from 0.3% to 9.3%. The size ratio (mesh size/ice thickness) is
similar to that in Wang et al. for simulating the interaction between sloping marine structure and the
level ice [18].

The other simulations can provide accurate predictions of maximum force for test #304 and #306
(see Figure A5). It indicates that the impact speed has little effect on the comparison between the
numerical simulations with different mesh sizes and the model tests. These numerical models can be
used to study the effect of speed for the same impact objects with regard to maximum force.

The discrepancy of maximum ice force between the simulated and measured results for test #404
and #406 ranges from 2.1% to 23.7%, which is larger than that for test #304 and #306 (i.e., 0.3% to 6.9%).
It indicates that the predictive accuracy may decrease when the impacted structure is changed.

It is also found that the simulated maximum forces for tests #404 and 406 are higher than those
for tests #304 and #306 (see Figure A5). This is because the diameter of the wind turbine tower at the
mean waterline in tests #404 and #406 are relatively larger. Besides, when comparing the simulated
maximum ice forces for tests #304 and #306, or tests #404 and #406, it is seen that slower impact speed
results in a larger maximum force. These are confirmed by the model test results.

There exists significantly discrepancy of mean load and standard deviation between the simulated
and measured results (see Figures A6 and A7). This is mainly caused by the limitations of the ice
model. As an element deletion technique is used to remove failed ice elements from the calculation,
numerical simulation of ice crushing generates zero contact that is created upon the deletion of elements.
In addition, the rotation, accumulation and sliding forces that are contributed by the crushed ice could
not be considered using this ice model. These limitations of the ice model will be addressed in the
future work.

It should be noted that the model tests with the experimental scale of 1:20 were used for the
comparison with the numerical simulations. The effect of the experimental scale on the comparison
will be investigated by using more physical tests including model and full scale tests in the future work.
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Nomenclature

OWT Offshore Wind Turbine

HAWC2 Horizontal Axis Wind turbine simulation Code 2nd generation
FAST Fatigue Aerodynamics Structures and Turbulence
Std. Standard Deviation

&P Effective plastic strain

t Time

ij Plastic component of the rate of deformation tensor
F¢ Ice force in full scale

Fm Ice force in model scale

A Experimental scale

Fmean Mean force

F Ice force at each time

N Total number of output force

o Standard deviation of force
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Appendix A. The Time Series of the Horizontal Ice Forces from Both the Simulations and
Measurement for Test #304
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Figure Al. Ice force histories from the simulation with mesh size of 0.2 m and measurement for
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Figure A2. Ice force histories from the simulation with mesh size of 0.4 m and measurement for
test #304.
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Appendix B. The Comparison of the Maximum Force, Mean Force, and Standard Deviation
between the Simulated and Measured Results for All Tests
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Figure A5. Comparison of the maximum ice force between the simulated and measured results for

all tests.
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Abstract: The influence of the central platform on hydrodynamic performance of a wave energy
converter (WEC) has remained elusive. To approach this dearth of relevant theoretical research,
this paper presents a semi-submerged multi-buoy WEC and the results of the numerical analysis
at different dimension parameters of the central platform of the WEC. The WEC consists of three
oscillating buoys hinged with a central platform through multiple actuating arms. Numerical analysis
revealed that there exists a relationship between the hydrodynamic performance of device and
the geometry of the central platform. At the given wave condition, different central platform size
would obviously affect the hydrodynamic performance and wave energy capture width ratio of the
semi-submerged multi-buoy WEC. Additionally, appropriately increasing central platform draft
would help to improve the wave energy capture capability of the oscillating buoys.

Keywords: WEC; oscillating buoy; hydrodynamic performance; capture width ratio; central platform

1. Introduction

Due to the urgency to act against climate change caused by the growing carbon dioxide in the
atmosphere, renewable energy has received extensive attention around the world [1]. Wave energy is
the integration of kinetic and potential energy of a water point relative to displacement of hydrostatic
surface [2]. Compared to traditional energy sources, it produces fewer waste products such as
chemical pollution and carbon dioxide, which means the negative influence upon the environment is
minimal. The research on wave energy conversion started in the 1970s when the oil crises provoked the
exploitation of a wide variety of renewable energy sources. An advantage of wave energy technology is
the wide diversity of design concepts. Different technologies use different solutions to harness energy
from sea waves and are suited to operate at different water depths and locations [3]. A multi-buoy
wave energy converter (WEC) primarily consists of three parts: a central platform, multiple oscillating
bodies, and multiple actuating arms [4]. Additionally, the multi-buoy WEC can be classified into three
types: stationary type, floating type, and semi-submerged type.

First proposed in 2000 by Niels and Keld Hansen, the stationary type WEC, Wavestar has
become one of the world-leading wave energy technologies [5], which generates electricity through the
oscillatory motion of hemispherical floats which in turn drive hydraulic power take-off systems. Kramer,
who has already investigated the effect of a hydraulic power take-off system on device efficiency, found
that power conversion efficiencies could improve by 70% by using the hydraulic system proposed in
the paper [6]. Additionally, Kramer also presented a reliability-based structural optimization of the
Wavestar WEC, which focused on improving the reliability of the device [7], which presented how
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structural designs of WECs can be optimized by using a reliability-based approach, and the ultimate
goal is also to improve the energy efficiency and life of the device. However, the Wavestar WEC is
fixed on the seabed which results in the water depth in the installation area being limited.

For the floating type WEC, our research group already has built two multi-buoy WEC, which are
called “JMU I” and “JMU II”, respectively. Both of them have a floating structure, but the former uses
a mechanical energy conversion system, while the latter is a hydraulic system [8]. In [9] the authors
investigated influence of buoy placement and platform wedge angle on hydrodynamic characteristics
of the “JMU II”, and the results show that different buoy placements and platform wedge angles would
affect the amplitude of buoys. However, the investigation of the platform in the paper was limited to
the platform wedge angle. Additionally, for the floating type WEC, the central platform has a shock
amplitude of oscillation, which means it would indirectly affect buoy oscillation and also reduce the
efficiency of wave energy collection.

For the semi-submerged multi-buoy WEC, the Guangzhou Institute of Energy Research of the
Chinese Academy of Sciences successfully launched the two Eagle-type wave power generation
equipment “Eagle I” and “Wanshan” in the waters of Wanshan Island, Zhuhai City, which is a
semi-submerged barge and wave energy capture equipment [10,11]. The combination body can be
parked like a ship, or can dive to a designated position to become a wave energy generating device.
The “eagle” floating body used in the device is an improved type of “nodding duck” WEC. In [12],
the frequency domain motion simulation of the “Eagle I” WEC under different wave elements and
different PTO (power take-off) damping is presented, and the optimal load damping is obtained, which
provides the theoretical basis for load design of prototype device. Additionally, the authors of [13]
introduced the sea trial data of “Eagle 1”7, and the experimental results verified the feasibility of the
WEC. The “Wanshan” WEC is an improved model of the former, and its installed power could reach
100 kW which is 10 times of the former model. In [14] the authors investigated the hydrodynamic
characteristics of a sharp eagle WEC, which could be considered that the buoy of the device is almost
as same as “Wanshan”, and the result shows that eagle head power prime mover has a strong ability to
capture wave energy. In [15] the authors systematically introduced the structure, working principle,
and experimental data of the sea trial of the device. It can be seen that the buoys of the device have
been optimized, but the influence of the central platform on wave energy conversion efficiency of the
device has not been mentioned.

To date, most of the studies are limited to the influence of the arrangement, numbers, and structure
of the buoy, and the energy load damping on the efficiency of the device. As far as we know, the influence
of the central platform on hydrodynamic performance of WEC have remained elusive. Hence, this
paper presents a semi-submerged multi-buoy WEC, which uses the relative motion between buoys
and central platform to drive the hydraulic system, such that the WEC could transfer wave energy to
hydraulic power and be further utilized. Compared with other WECs, the presented WEC is proven
to have higher sea condition adaptability due to the semi-submerged structure and energy output is
more stable by using the hydraulic system. The authors of [16] have already analyzed the influence of
buoys on hydrodynamic performance of the WEC, which shows the geometry of buoys would affect
the wave energy capture width ratio of the WEC. The emphasis of this paper is to analyze the influence
of the central platform on hydrodynamic performance and wave energy capture ratio of the WEC,
which may provide a new strategy to increase wave energy conversion efficiency of multi-buoy WEC.

2. Materials and Methods
2.1. Methods

The dynamic equation of motion in the frequency domain can be written as [17]:

~@*(Ma +M) —iw(Cq + Cpro) + Ks +Kpro  A] |( X\ _( Fe M
Ay o \Fp) o)
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where F, and X are the frequency dependent complex amplitude of wave force array and complex
amplitude of corresponding displacements array, respectively; M is the structure mass matrix for the
central platform; M, and C; are the hydrodynamic added mass matrix and the hydrodynamic damping
matrix, respectively; Kg is the hydrostatic restoring matrix; Cprp and Kprp are the PTO (power take-off)
system damping and stiffness matrices, respectively; A; is the displacement constraint matrix; Fj is the
joint force vector; and F, , M,, and Cy can be obtained by solving the wave diffraction and radiation
problem by using a boundary element method (ANSYS-AQWA).

To simplify the numerical simulation, a time domain analysis is carried out with a linear PTO.
The basic equation of structural motion in the time domain can be written as [18]:

t
(M4 M) + [ Clt=D)i(e)de +Kex) + Foim (1) + Frro(t) = Fexe(t), @
where M, is the hydrodynamic added mass matrix for w — oo ; x(t), x(t) and x(t) are the generalized
displacement, velocity and acceleration vectors in the time domain, respectively; C(t) is the retardation
function matrix; F o, (t) is the resistant force vector due to the joint connection; Fpro(t) is the resistant
force vector due to the PTO system, which is the hydraulic system damping in this paper and in order
to simplify the numerical simulation, the Fpyo(t) is constant.

2.2. Model of the WEC

A three-dimensional model of the full-size device was established using SolidWorks.
The semi-submerged multi-buoy WEC proposed in the paper is composed of three oscillating buoys,
a central platform, three actuating arms, and hydraulic systems at the joint as illustrated in Figure 1,
which was built according to the original proportion of the solid model. The angle between the buoys
is 120°, and Buoy 1 is located at the bow of the floating platform, Buoy 2 and Buoy 3 are symmetrically
distributed on both sides of the central platform. The central platform can be divided into three
layers: damping layer, support layer, and floating layer, as shown in Figure 2, which also presents
the dimension of central platform: where H is the height of the damping layer, L is the length of the
damping layer, and W is width of the damping layer. In addition, the initial parameters of the damping
layer and buoys are presented in Table 1. The device has the capability of autonomous navigation
with the buoys at the top of the central platform. Additionally, when it has arrived at the specified
sea area, the central platform ballast tank injects seawater to sink the hull, after that buoys would
descend to the surface of the sea. As the wave passed down the WEC, the oscillating buoys and central
platform make a relative motion around the joint. This wave induced relative motion of the rafts is
resisted by hydraulic systems. The hydraulic cylinders pump the high-pressure fluid via smooth gas
accumulators to the hydraulic motor, which could be further utilized. This paper mainly investigates
the hydrodynamic performance of the WEC under different geometry parameters of the damping layer
and the draught depth of the central platform.
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Figure 2. The dimensions of the central platform.

Table 1. Initial parameters of the damping layer and buoys.

Designation Parameters
Molded length 18 m
Molded width 10 m
Molded height 25m

Diameter of buoy 32m
Height of buoy 2m
Draft depth of the device 51m

In the numerical calculation, we used the ANSYS-AQWA for simulation, which is based on
potential flow theory and boundary elements method. Additionally, before running the simulation,
the outside surface of the WEC model is divided into meshes, as shown in Figure 3, and the sea state
parameters are set to water depth of 15 m and sea area of 100 m?. The maximum grid size of the central
platform and buoys are 0.6 and 0.2 m, respectively. For the sea state parameters setting of the time
domain calculation, which refer to the sea conditions of the sea trial experiment, the wave height is
1 m, the period is 3 s, and the direction is pointed by the bow to the stern. The hinge damping of
the buoys and central platform is set to 3000 (N*m/(°/s)), the additional damping parameter is set to
3500 (N/(m/s)), and the additional damping is intended to simulate the damping force of the hydraulic
system of the device. The simulation time is set as 120 s, and the time step is 0.1 s.
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Figure 3. Grid model of semi-submerged multi-buoy WEC.

3. Results of the Numerical Analysis

In this section, we investigate the hydrodynamic performance of the device in different damping
layer aspect ratios, cross-sectional areas, heights, and drafts of the central platform. In addition,
the hydrodynamic performance of the central platform and the instantaneous power curves of the
buoys are shown in each section. Since Buoy 2 and Buoy 3 are symmetrical at the platform in the wave
direction, both of them have the same hydrodynamic performance. Therefore, only the simulation
results of Buoy 2 are presented in this paper.

3.1. Numerical Results at Different Aspect Ratio of the Damping Layer

3.1.1. Hydrodynamic Performance of the Central Platform

The aspect ratio of the damping layer could be obtained by dividing the damping layer lengths
(along the wave direction) L by its width (at a 90° angle to the direction of the wave) W, which can use
B to represent:

B =L/W. 3)

The influence of a different aspect ratio on hydrodynamic performance is examined with five
different B values, ranging from 1 to 2.69. Additionally, the values of the B in each computation is
presented in Table 2. The other parameters used are the initial parameters in this simulation.

Table 2. The values of L and W in each computation.

B L/W (m)

1 13.4/13.4
1.25 15/12
1.8 18/10
2.22 20/9
2.69 22/8.18

Figure 4 shows the hydrodynamic performance curves of the central platform, it can be seen that
wave force, diffraction force, and radiation damping all decrease with the increase of aspect ratio of
the damping layer. For the wave force and the diffraction force, the maximum value occurs when the
wave frequency is around 1.1 rad/s; for the radiation damping, the maximum value occurs when the
wave frequency is around 1.3 rad/s; and for added mass, the maximum value occurs when the wave
frequency is around 1 rad/s; which means that when the aspect ratio changes, the wave frequency at
the peak of the curves are not changed. The added mass is decreased with the aspect ratio increases,
except that the wave frequency is in the range of 1.2-2 rad/s.
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Figure 4. Four hydrodynamic parameter curves: (a) wave force, (b) diffraction force, (c) radiation

damping, (d) added mass.

Figure 5 shows the oscillation curves of the central platform, which indicated that when the aspect
ratio of damping layer is 1.25, the central platform has the smallest oscillation amplitude. However,
the difference in oscillation amplitude of the central platform is small under different aspect ratios,
which means the aspect ratio of the damping layer has little effect on the platform oscillation.

435
B=1 -=--- B=125 — — B=1.8 B=222 — - - B=2.69
440 F A ,/\
g i g i
g I:. i\ 7
S -445 R N,
= WI W
wv
©
A~ 450
_4.55 1 1 1 1 E 1
0 10 20 30 40 50 60
t/s

Figure 5. Oscillation curve of the central platform.
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3.1.2. Wave Energy Capture Width Ratio of the Device

To better reflect the hydrodynamic performance of a WEC, capture width ratio is mentioned,
which is a measure of the hydrodynamic efficiency [19]. It is obtained by dividing the absorbed wave
power P by wave resource | and characteristic dimension D:

n="F/D, (4)

where P is the absorbed wave power, which could be obtained by the instantaneous power curves
of the buoys; and for the device presented in the paper, D is the diameter of buoy. As for J, it can be
shown as [20]:

] = (pg*)32mH’T, (5)

where p is the density of sea water which is 1025 kg/m3; the gravity g is 9.81 m/s?; H and T are the
height of wave and period of wave, respectively.

Figures 6 and 7 show the instantaneous power curves of Buoy 1 and Buoy 2, respectively. It can
be seen that the maximum value of instantaneous power of Buoy 1 is 8.6 kW when the aspect ratio
is 1 and the minimum value occurs when the aspect ratio is 2.22, which is about 7 kW. For Buoy 2,
the maximum value is 8.2 kW when the aspect ratio is 1 and the minimum value is 6.8 kW when the
aspect ratio is 2.22. Figure 8 is the curve of capture width ratio with aspect ratio, which shows the
capture width ratio of the device generally decreases as the aspect ratio of the damping layer increases.
In order to better show its regularity, two sets of simulation data were added in the process of drawing
the curve, which are B = 3 and B = 0.45, respectively (L/W are 23.2/7.7 and 9/20, respectively). Ata lower
aspect ratio, the capture width ratio of Buoy 1 is better than Buoy 2, and the difference is narrowed
as the aspect ratio increases. The capture width ratio of all buoys refers to the average wave energy
capture width ratio of three buoys. However, when the aspect ratio of the damping layer is further
increased, the wave energy flowing through Buoy 1 is consumed too much by the damping layer,
resulting in a rapid decrease in the capture width ratio.

10

Power/kW

Figure 6. The instantaneous power curves of Buoy 1.
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The above results show that appropriately reducing the aspect ratio of the damping layer of the
central platform is beneficial to increasing the wave energy capture width ratio of the device, which
could improve the wave energy collection efficiency.

3.2. Numerical Results at Different Areas of the Damping Layer

3.2.1. Hydrodynamic Performance of the Central Platform

The area of damping layer refers to L multiplied by W, which can use S to represent:
S=LW. (6)

The influence of different areas on hydrodynamic performance is examined with four different S
ranging from 108 to 320 m2. As we considered, the wave energy collection efficiency is better when the
aspect ratio of the damping layer is 0.45. Hence, in this simulation when the S varies, B remains at 0.45.
Additionally, the values of S in each computation is presented in Table 3. The other parameters use the
initial parameters in this simulation.

Table 3. The values of L and W in each computation.

S (m?2) LW (m)
108 7 X 5.56
180 9 %20
222 10 x 22.2
320 12 X 26.67

Figure 9 shows the hydrodynamic performance curves of the central platform, and it can be seen
that wave force, diffraction force, radiation damping, and added mass all increase with the increase in
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area of the damping layer. For the wave force, the diffraction force, the radiation damping, and added
mass, the range of wave frequency corresponding to the peak value of the curve is between 0.95-1.45,
0.95-1.34, 1.03-1.5, and 0.83-1.14 rad/s, respectively, which means the wave frequency at the peak of
the curves decreases slightly with the increase in the area of the damping layer.
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Figure 9. Four hydrodynamic parameter curves. (a) Wave force, (b) diffraction force, (c) radiation
damping, (d) added mass.

Figure 10 shows the oscillation curves of the central platform, which indicated that when the
area of damping layer is 222 m?, the central platform has the smallest amplitude of oscillation, and
the difference in oscillation amplitude of the central platform is obvious under different areas of the
damping layer, which means the area of the damping layer has great effect on the platform oscillation.
Additionally, it can be seen that when the area of the damping layer is 320 m?, the oscillation of
the central platform is not transient, which is due to large area and low aspect ratio of the damping
layer, resulting in excessive platform roll. In addition, the curve is based on the mass point of the
central platform, and the excessive platform roll would result in volatility of the oscillation of the
central platform.
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Figure 10. Oscillation curve of the central platform.

3.2.2. Wave Energy Capture Width Ratio of the Device

Figures 11 and 12 show the instantaneous power curves of Buoy 1 and Buoy 2, respectively. It
can be seen that the maximum value of instantaneous power of Buoy 1 is 9.1 kW when the area of
damping layer is 320 m? and the minimum value occurs when the area is 108 m?, which is about 6.8
kW. For Buoy 2, the maximum value is 12 kW when the area is 320 m? and the minimum value is 6.3
kW when the area is 108 m?. Figure 13 is the curve of capture width ratio with the area of the damping
layer, which shows the capture width ratio of the device generally increases as the area of the damping
layer increases. In order to better show its regularity, one set of simulation data was added in the
process of drawing the curve, which is S = 268.8 m? (L*W is 11*24.4). When the area of damping layer
is smaller than 222 m?, the capture width ratio of Buoy 1 is better than Buoy 2, and the difference is
narrowed as the area increases. However, when the area of the damping layer is further increased,
the wave energy capture ratio of Buoy 1 reduced significantly while Buoy 2 increased gradually and
finally stabilized.
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Figure 11. The instantaneous power curves of Buoy 1.
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The above results show that appropriately increasing the area of the damping layer of the central
platform is beneficial to increasing the wave energy capture width ratio of the device, and could
improve the wave energy collection efficiency.

3.3. Numerical Results at Different Heights of the Damping Layer

3.3.1. Hydrodynamic Performance of the Central Platform

The height of damping layer refers to H, which has already been presented in Figure 2. The influence
of different heights on hydrodynamic performance was examined with four different H ranging from 2
to 3.5 m. According to the simulation results above, the WEC has better efficiency when the aspect ratio
and area of the damping layer are 0.45 and 320 m?, respectively. Hence, in this simulation, the aspect
ratio and area of the damping layer are 0.45 and 320 m?, respectively.

Figure 14 shows the hydrodynamic performance curves of the central platform, it can be seen that
wave force, diffraction force, radiation damping, and added mass all increase with the increasing height
of the damping layer. For the wave force, the diffraction force, the radiation damping, and added
mass, the range of wave frequency corresponding to the peak value of the curve is between 0.82-1.05,
0.86-1.07, 0.86-1.1, and 0.74-0.86 rad/s, respectively, which means the wave frequency at the peak of
the curves decrease slightly with the increasing height of the damping layer.
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Figure 14. Four hydrodynamic parameter curves. (a) Wave force, (b) diffraction force, (c) radiation
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Figure 15 shows the oscillation curves of the central platform, which indicated that when the
height of damping layer is 2 m, the central platform has the smallest amplitude of oscillation, and the
difference in oscillation amplitude of the central platform is obvious under different heights of damping
layer, which means the height of the damping layer has a large effect on the platform oscillation.
We considered that when the height of the damping layer increases, the damping layer would be
subjected to stronger wave forces owing to increasing the area of contact with the wave, which results

in stronger oscillation of the central platform.
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Figure 15. Oscillation curve of the central platform.

3.3.2. Wave Energy Capture Width Ratio of the Device

Figures 16 and 17 show the instantaneous power curves of Buoy 1 and Buoy 2, respectively.
It can be seen that Buoy 1 and Buoy 2 have completely opposite power characteristics, by which the
maximum value of instantaneous power of Buoy 1 is 7.7 kW when the height of damping layer is
2 m and the minimum value occurs when the height is 3.5 m, which is about 2.5 kW. For Buoy 2,
the maximum value is 15.1 kW when the height is 3.5 m and the minimum value is 10 kW when the
height is 2 m. Figure 18 is the curve of capture width ratio with height of damping layer, which shows
the capture width ratio of the device is slightly increased as the height of damping layer increases.
However, Buoy 1 and Buoy 2 have completely different characteristics, which means the wave energy
capture ratio of Buoy 1 decreases as the height of the damping layer increases, while Buoy 2 increases
as the height of the damping layer increases.
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Figure 17. The instantaneous power curves of Buoy 2.
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The above results show that increasing the height of the damping layer of the central platform
only has little benefit to increasing the wave energy capture width ratio of the device, but it has a huge
impact on the buoys in different positions.

3.4. Numerical Results at Different Drafts of the Damping Layer

3.4.1. Hydrodynamic Performance of the Central Platform

The draft of the central platform indicates the depth of the central platform below the sea surface,
which could be represented by h. The influence of different drafts on hydrodynamic performance was
examined with four different h ranging from 4.1 to 5.6 m. According to the simulation results above,
we already found a better geometric parameter of the damping layer. Hence, the geometric parameter
of the damping layer remains unchanged, which means the aspect ratio of the damping layer, the area
of the damping layer, and the height of the damping layer are 0.45, 320 m?, and 3.5 m, respectively.

Figure 19 shows the hydrodynamic performance curves of the central platform, it can be seen
that wave force, diffraction force, radiation damping, and added mass all decrease with the increasing
draft of the central platform. For the wave force and the diffraction force, the range of wave frequency
corresponding to the peak value of the curve is between 0.63 and 1 rad/s; for the radiation damping,
the range of wave frequency corresponding to the peak value of the curve is between 0.67 and 1.1 rad/s;
and for the added mass, the range of wave frequency corresponding to the peak value of the curve is
between 0.63 and 0.9 rad/s, which means the wave frequency at the peak of the curves increases as the
draft of the central platform increases.

Figure 20 shows the oscillation curves of the central platform, which indicated that when the
draft of central platform is 5.1 m, the central platform has the smallest amplitude of oscillation,
and the difference in oscillation amplitude of the central platform is great under different drafts of the
central platform. This means the draft of the damping layer has an effect on the platform oscillation.
We considered that the oscillation amplitude of the platform can be reduced by increasing the platform
draft appropriately, then it would indirectly promote the relative oscillation between the buoys and
central platform. However, as the draft of the platform increased, the shape of the draft part of the
platform would change (a part of the floating layer would be below the waterline), which may lead
to changes in the hydrodynamic performance of the platform, and would affect the oscillation of
the platform.
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Figure 19. Four hydrodynamic parameter curves. (a) Wave force, (b) diffraction force, (c) radiation
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Figure 20. Oscillation curve of the central platform.
3.4.2. Wave Energy Capture Width Ratio of the Device

Figures 21 and 22 show the instantaneous power curves of Buoy 1 and Buoy 2, respectively. It can
be seen that the maximum value of instantaneous power of Buoy 1 is 11.2 kW when the draft of the
central platform is 4.6 m and the minimum value occurs when the height is 5.1 m, which is about
2.5 kW. For Buoy 2, the maximum value is 19.7 kW when the draft of central platform is 4.6 m and the
minimum value is 11.8 kW when the draft is 4.1 m. Figure 23 is the curve of capture width ratio with
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height of damping layer, which shows the capture width ratio of the device is increased when the draft
of central platform is between 4.1 and 4.6 m, slightly reduced as the draft further increases, and finally
slightly increases. Additionally, the characteristics of Buoy 1 and Buoy 2 are consistent.
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The above results show that the relationship between the wave energy capture width ratio and
the draft of the central platform is nonlinear. The maximum value of wave energy capture is about 0.87
when the draft of central platform is 4.6 m, which means when the depth of the device reaches 4.6 m,
the wave energy collection efficiency of the device is the best.

4. Discussion

The numerical analysis results indicated that the geometry of the central platform does have a great
effect on hydrodynamic performance of the WEC. Additionally, the wave energy acquisition efficiency
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of buoys at different positions is also greatly influenced by the platform geometry. The analysis of the
aspect ratio of the damping layer of the platform is to determine whether the dam class (platform has a
small aspect ratio) is beneficial to the wave energy absorption of the WEC or the ship class (platform
has a large aspect ratio). The results show that when the damping layer has a small aspect ratio,
the WEC has better wave energy acquisition efficiency. This may provide an idea for the future design
of this type of WEC, which is to design the shape of the central platform as a dam. The effect of the
damping layer area on the wave energy acquisition efficiency of the WEC is expected, since the energy
collection principle of the WEC is based on the relative motion between the buoys and central platform.
The larger platform has a smaller oscillation amplitude, which indirectly improves the relative motion
between the buoys and central platform. Additionally, to properly increase the platform’s draft is
also to reduce the platform’s oscillation amplitude, which is consistent with increasing the area of the
damping layer.

The analysis of the height variation of the damping layer did have some interesting results.
When the height of the damping layer changes, the wave energy capture ratio of the WEC remains
nearly constant. However, there is a huge difference in the wave energy capture ratio of Buoy 1 and
Buoy 2. Unfortunately, we have not found out the specific cause of this phenomenon, it can only be
assumed that the change in the height of the damping layer results in the change of distribution of the
wave field around the buoys. Additionally, the sea trial test of the full-sized device is planned to be
carried out in 2020, which may help to validate the results of the numerical analysis.

Since the author’s learning ability is limited, there is insufficiency in this article’s profundity
and breadth, which needs to be improved by the author’s further study in the future. In addition,
the purpose of this paper is to prove that the geometry of the central platform has great effect on
hydrodynamic performance of the WEC instead of finding the optimal structure of the central platform
in the full space of admissible parameters. Hence, the parameters of the central platform presented in
the paper have limitations.

5. Conclusions

In summary, the hydrodynamic analysis of a semi-submerged multi-buoy WEC was carried out in
the frequency and time domains. The effect of aspect ratio, area, and height of the damping layer and
the draft of the central platform on the wave energy capture width ratio of the WEC were explored.
The comparison between Buoy 1 and Buoy 2 was made to elucidate the difference in the wave energy
capture performance of buoys on the same wave condition but at different positions. Based on the
research above, the following conclusions can be drawn:

(1) There exists a relationship between the hydrodynamic performance of the WEC and the geometry
of central platform.

(2) For a certain wave condition, there exists an optimal geometry of the central platform. At the
wave condition mentioned in the paper, when the aspect ratio of the damping layer is 0.45,
the area of the damping layer is 320 m? and the height of the damping layer is 3.5 m, the wave
energy capture width ratio of the WEC is better, so that more wave energy can be extracted from
the ocean.

(3) Itis found that increasing the draft of the central platform is conducive to improving the wave
energy capture width ratio of the WEC, and in this paper, the wave energy capture width ratio of
the WEC is the largest when the draft of the central platform is 4.6 m.

(4) Further related research should be carried out in a physical prototype test and focused on
fluid analysis of the central platform, to find out the influence of different shaped platforms on
wave distribution.
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Abstract: Concrete foundations have received attention as offshore wind turbine support structures
because of their various advantages. However, because of the lack of information on structural
analysis and the design method of complex marine environmental loads, concrete foundations cannot
be applied on actual sites. Therefore, the structure behavior mechanism and concrete reinforcement
design need to be evaluated based on soil-structure interactions. Herein, an efficient method for
analysis of piled concrete foundations (PCFs) is presented, and the stability of PCF structures is
evaluated under environmental conditions of the coast in Korea for a 3-MW wind turbine. Three
analytical parameters for PCF models were defined to consider soil-structure interaction. The results
of each model were compared with the displacement, stresses, and natural frequencies. Using
the analysis results, a prestressing reinforcement design for concrete foundations was proposed.
Quasi-static analysis showed that maximum displacement was sufficiently small and the maximum
stresses did not exceed the allowable stresses. PCF showed excellent dynamic performance and
structural stability. In addition, stiffness of the soil spring model influenced the natural frequency
rather than the stiffness of the pile type. Detailed analysis of the connections between piles and
concrete need to be studied in the future.

Keywords: piled concrete foundation (PCF); 3-MW turbine model; quasi-static analysis; natural
frequency analysis

1. Introduction

The amount of offshore wind energy has recently increased across the globe as one of the renewable
energy sources. The Korean Government has also started to invest in the offshore wind turbine industry
and will move forward with projects to develop offshore wind farms in Korea. In 2010, the Korea
Government Ministry of Knowledge Economy presented the Offshore Wind Turbine Roadmap that
included a 2.5-GW class offshore wind farm on the southwest coast of Korea with an investment of
10.2 trillion KRW [1]. A private sector-led project was started to build a large-scale 5-GW wind farm off
the coast of southwestern Jeolla Province in Korea. A 1-GW class onshore wind farm and a 4-GW class
offshore wind farm are planned to be constructed by 2023 with the aim of reducing carbon dioxide
emissions by 5.4 million tons.

Meanwhile, many studies focusing on offshore wind turbines in Korea have been completed.
Oh et al. [2,3] studied the feasibility of the offshore wind resources around the Korean Peninsula for
a 100-MW class offshore wind farm and performed an assessment of the wind energy potential at a
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demonstration site in Korea to estimate the economic benefits and establish reliable design criteria.
Kim et al. [4] carried out research on the selection of the optimal site for an offshore wind farm around
the Korean Peninsula by comparing economic benefits of the development project to the entire cost.
From this research, it was concluded that the construction of an offshore wind farm along the coast
near Buan-gun and Yeonggwang-gun in Jeolla Province was preferred from an economic and site
applicability standpoint. Oh et al. [5] preliminarily evaluated the offshore wind turbine monopile
foundation dimensions based on the site conditions near the island Wi-do in the West Sea of Korea by
considering aerodynamic loads and hydrodynamic loads. They presented foundation design methods
and optimal dimensions of the monopile foundation for the selected site. For the feasibility study
of the 5 MW offshore wind turbine substructures in Korea’s southwest coast, Shi et al. [6] compared
the dynamic responses of different substructures, including the monopile, jacket, and multipile, by
performing an eigenvalue analysis and a coupled aero-hydro-servo-elastic simulation.

There are many types of support structures, such as the steel monopile, steel jacket, and the
concrete gravity-based structure (GBS). The most used type is the steel monopile, which has a transition
piece to aid installation. Recently, however, the concrete GBS has been preferred because of its cost
efficiency for large-capacity wind turbines in the deep sea [7-9]. However, a new type of structure that
consists of concrete and steel materials is being developed due to the limitation of GBS. In December
2012, BAM Energie [10] presented a cutting edge concrete gravity base foundation suitable for larger
offshore wind turbines in deeper waters. It consists of a concrete caisson and steel shaft; the base is cast
onshore and then installed offshore using standard vessels, thus eliminating the need for heavy lifting
equipment. Kim [11] proposed a new hybrid type of cost-efficient support structure composed of a
concrete tripod and steel shaft. To validate the new structure, a preliminary design concept was applied.
Despite these efforts, that kind of structure was difficult to apply to the southwest coast in Korea where
weak soil is too deep to sustain the GBS structure. To overcome the disadvantages of the existing type
of offshore wind turbine support structure, Kim et al. [12] suggested a new hybrid concrete support
structure. The suggested type was supported not only by a gravity-type foundation, but also by driven
piles, and it was possible to reduce the weight of the structure. Stream function wave theory and
the environmental conditions in the Southwest Coast in Korea were applied, and the hybrid support
structure showed enough structural stability to be applied to real site conditions in Korea. Unlike steel
fabricated of isotropic material, reinforced concrete is a composite material in which the relatively low
tensile strength and ductility of the concrete are counteracted by the inclusion of reinforcement with a
higher tensile strength or ductility. For design of the concrete structure, the ultimate member force is
calculated through structural analysis.

In this study, an efficient method for the analysis of a piled concrete foundation (PCF) is presented,
and the stability of the PCF structure is evaluated under the environmental conditions of the coast
near the Jaeun island in Jeonnam-do of Korea. Three analytical models for PCF were defined to
consider the interaction between soil and structure. The results of each model were compared with
the displacement, stresses, and natural frequencies. Using the results of analysis, the prestressing
reinforcement design for the concrete foundation was carried out. The displacements and rotation
angles, end bearing capacity, and pulling capacity were examined for evaluation of the pile. A pile
foundation installed in soft ground must be secured to support various loads of the upper structure, so
that a desired power can be stably obtained through a turbine. Moreover, natural frequency analysis
was performed to investigate the resonance occurrence in the PCF structure. The study aims to provide
an efficient analysis method and prestressing reinforcement design method through analysis results of
piled concrete foundations for offshore wind turbines and present design references for the future.
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2. Theoretical Background

2.1. Wave Force

Airy wave theory is a relatively simple wave theory with a small amplitude, and the wave curve
is a sine curve. The wave height is assumed to be smaller than the wave length in deep water and
the water depth in shallow, and thus, it is called the small amplitude wave theory. In the small
amplitude wave theory, the waves used in the calculation of velocity and acceleration are periodically
repeated with the same wave height and wave length; thus, the equation of motion is linearized. If the
x-direction is defined as the horizontal direction and z-direction as the vertical direction, surface wave
elevation from the still water level and the water particle velocity can be expressed by Airy wave
theory as follows:

n(x, t) = %I cos(kx — wt) (1)

u(x,z,t) = gcos}ik(# cos(kx — wt) )
H sinh|k(h

w(x,z,t) = %W sin(kx — wt) (3)

where x and z are Cartesian coordinates with z = 0 at the still water level (positive upwards), H is wave
height, T is wave period, & is water depth, 1) is the free water surface, u and w are velocity components
in the x, z directions, respectively, k is the wave number, w is wave frequency defined by 27t/T, and t is
the time. The horizontal and vertical accelerations of the fluid particle, ay and ay, can be calculated by
differentiating u and w over time ¢, and Equations (2) and (3) can be applied to calculate the acceleration

as follows:
_ 212H cosh[k(h + z)]

12 ) =
27%H sinh[k(h + z)]
T2 ) = Tk
Wave force can be calculated by Morison equation as follows:

sin(kx — wt) 4)

cos(kx — wt) )

1 nD?
Fr = EPCDDluW + T‘OCMﬂx (6)

where Fr is the total force, p is the density of water, Cp and Cy; are the drag and inertia coefficients,
respectively, and D is the diameter of the vertical cylinder. The first term in Equation (6) is the drag
component and the second term is the inertia component.

2.2. Soil Spring Stiffness

To calculate the soil spring stiffness, a soil model called the Winker model can be used, and the
spring stiffness in the horizontal and vertical directions can be calculated [13]. First, the horizontal soil
spring stiffness at any depth is estimated as follows:

K, = ksAzZ @)

where Z denotes any depth in soil and AZ denotes the spacing between the springs at a depth Z. k; is
the modulus of subgrade reaction at a depth Z, and this can be calculated from some methods, such as
constant distribution, linear distribution, equation by Matlock and Reese, equation by CSN 73 1004,
and an equation from Vesic [14]. The vertical soil spring stiffness can be classified into end bearing
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stiffness Ky, and skin friction resistance stiffness K¢, as shown in Figure 1. The vertical end bearing
stiffness K, can be calculated using Equation (8).

D (D
Ko = k5 L{ o) ®
where Lis the pile length, D is the diameter of pile, and D" is the nominal diameter of the pile. The vertical
skin friction resistance stiffness K, can be calculated using the equation given by Pender [15].

Ky = 1.8E, 1y A05 ¢
of = 1. S—thC L a, )

where C is the pile ratio (L/D) and A is the pile-soil stiffness ratio. To get the soil spring stiffness at the
bottom of the pile, the end bearing stiffness and skin friction resistance stiffness need to be combined,
as presented in Figure 1.
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Figure 1. Model for soil springs.

3. 3-MW Class Piled Concrete Foundation Model

The PCF structure to support a 3-MW wind turbine was determined for the offshore conditions
of the coast near Jaeun island in Jeollanam-do of Korea. The dimensions and material properties of
the PCF structure are presented in Figure 2 and Table 1, respectively. The thickness of the steel shaft
is 40 mm, including corrosion thickness, and the outer diameter of the shaft to be connected to the
tower of the 3-MW wind turbine is 4.5 m. The diameter of the concrete foundation is 6.0 m, the outer
diameter of the shaft is 4.5 m, and the thickness is 0.75 m. The diameter of the bottom of the concrete
foundation is 11 m, excluding the concrete sleeve, which is 1.0-m thick. For the pile, which has a 2.0-m
diameter, the concrete-sleeve has a 3.0-m diameter and 0.5-m thickness. To determine the heights
of the shaft and concrete structure, the datum level (DL), mean higher high water level (MHHW),
and maximum wave height are considered. MHHW is DL (+) 4.86 m and maximum wave height is
DL (+) 12.64 m. Thus, the heights of the shaft and concrete structure are DL (+) 16.82 m and DL (+)
9.0 m, respectively, to install the steel platform above the maximum wave height of DL (+) 12.46 m.
Construction cost per 1 MW turbine capacity of PCF was calculated based on the dimensions of the
structure and construction site and was compared to the cost of the jacket structure calculated using the
same site conditions. The cost of manufacturing and construction of 10 PCF structures are calculated
as 4.47 and 23.89 billion KRW respectively, and construction cost per 1 PCF was 2.84 billion KRW.
Therefore, construction costs per 1 MW of PCF structure is 0.945 billion KRW and this is indicated a
cost difference of approximately 7% when comparing with the cost of jacket 1.013 billion KRW.
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Figure 2. Dimensions of piled concrete foundation (PCF).

Table 1. Material properties.

Material Properties

Specification and Grade: ASTM 572
Elastic Modulus: 200,000 MPa

teel (for shaft
Steel (for shaft) Unit Weight: 77.0 kN/m3
Steel Strength: 345 MPa
Concrete Design Strength: 45 MPa

Design Strength for Grout part: 40 MPa ((More than 30 MPa)

Ultimate Strength: fpu = 1900 MPa
PS Tendon Yield Strength: fpy = 1600 MPa
Nominal Cross-Sectional Area of Strand: Ap = 138:700 mm?

4. Load Conditions and Load Combinations

4.1. Local Site Description

The coast near Jaeun island that was selected for analysis of the PCF structure is located in Jeolla
Province of Korea, as shown in Figure 3. This area has sufficient wind conditions, and the range
of wind velocity is from 7.0 to 7.5 m/s. Water depths are from 20 to 40 m, and the potentials for
power generation by offshore wind turbines in this area are 4 GW and 6 GW within 20 m and 40 m
water depths, respectively. The soil conditions are as shown in Table 2. The soil is sandy or clay
soil. On account of the above conditions, Jeonnam-do announced a 5-GW wind farm project in 2009,
and this project is currently progressing. For this project, the economic feasibility study of the selected
site for the offshore wind farm was conducted from 2012 to 2014. From January 2013 to February 2014,
wind condition data were measured by an offshore meteorological tower, and the mean wind velocity
was found to be 7 m/s.
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Figure 3. Selected site for the 5-GW wind farm project.

Table 2. Soil conditions.

Depth t sub C
Stratum (n}:) (kl\}}/m3) (k)I:I/m3) (KN/m?) (dfg)
Sand 0.0~14.0 17.7 10 - 20
Clay 14.0~16.0 16.7 9 10 -
Sand 16.0~25.0 17.7 10 - 30
Sand 25.0~34.0 17.7 10 - 35
Sand 34.0~37.0 17.7 10 - 25
Sand 37.0~44.0 17.7 10 - 30
Sand 44.0~58.0 17.7 10 - 30
Weathered soil 58.0~60.0 17.7 10 - 35
Weathered rock 60.0~64.5 18.7 11 - 35

4.2. Dead Load and Turbine Load

The self-weight, including the steel shaft, platform, and concrete support structure, affects the
whole structure as a dead load. This dead load can be determined from the properties of the construction
material. The weight of the steel shaft can be calculated by adding 5% of the self-weight to consider
the connecting reinforcement in the shaft. We applied 32.634 kN of the self-weight to take account for
the platform. For the turbine load, the 3-MW wind turbine of Doosan heavy industry (WinDS3000)
was considered; the specifications are shown in Table 3 [16]. Tower base loads were calculated based
on the data from the Jeju island offshore wind farm which has a tower height of 62.4 m and a wind
speed (50 year extreme, 10 min) of 46.9 m/s.

Table 3. Specifications of WinDS3000 wind turbine.

Rating 3 MW Rated Wind Speed 13 m/s
Rotor orientation Upwind Cut-out wind speed 25 m/s
Blade 3 blades Nacelle mass 130,000 kg
Rotor diameter 91.3m Hub mass 30,000 kg
Hub height 80m Blade mass 100,000 kg
Cut-in wind speed 4m/s Tower mass 157,000 kg

4.3. Environmental Load

As mentioned above, the targeted site for analysis of the PCF structure is along the coast near
Jaeundo in Jeollanam-do of Korea. The environmental load was calculated based on the marine
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conditions at a water depth of 11.80 m, maximum wave height of 12.64 m, wave period of 13.67 s,
current velocity of 2.52 m/s by tide, current velocity of 6.0 m/s by wind, and maximum wind speed of
70.0 m/s. To analyze the PCF under environmental loads, structural analysis software MIDAS Civil [17]
was used. MIDAS Civil is the general-purpose structural analysis software that has been used in
worldwide and integrated solution system for civil engineering including static analysis, dynamic
analysis, etc. However, the modules to calculate wave force and current force are not included in the
MIDAS software. Thus, wave force and current force were calculated from the equations suggested
by Det Norske Veritas [18], and these forces were applied to the structure as distributed loads in the
MIDAS software.

Depending on the location such as deep water or shallow water, an adequate wave theory was
selected for the computation of wave kinematics such as velocity and acceleration. Using the graph
for finding validity of the wave theories proposed by Le Méhauté [19], a suitable wave theory can be
selected the based on the relationship between dimensionless relative depth i1/ ( gTz) and dimensionless

wave steepness H/ ( gTZ). From this graph, the wave condition in the targeted site was in the area

above the shallow water breaking limit H/h=0.78 with h/ ( gTZ) =0.00644 and H/ ( gTZ) = 0.0069. Thus,
the slamming force should be considered, and calculation of slamming force is classified to three
cases according to sea level. In these three cases, the case where the wave force was the largest was
determined. In the case of the highest astronomical tide (HAT), Morison’s equation with Airy theory
in Equation (6) is required. In the case of mean sea level (MSL) and lowest astronomical tide (LAT),
the equation of slamming force with Airy theory in Equation (10) is recommended.

(10)

Fs = %pCSDuZ
— D 0.107
G = 5'15(D+19s +5D S)

From the selected site conditions, HAT was 17.66 m (11.8 m + 4.86 m + 1.0 m), MSL was 14.73 m
(11.8 m + 2.43 m + 0.5 m), and LAT was 11.80 m. The largest wave force was calculated in the case of
LAT; 1.0 was applied for the drag coefficient, and 2.0 was applied for the inertia coefficient to calculate
wave forces based on the recommendation from DNV-RP-C205 [18]. Similarly, Morison equation was
used to calculate the current force, and current velocity was applied by using Equation (11).

1
h+z\7 ho + z
Uz(z) = vtide(T) + vwind(oh—o) (11)

where vy;4, and vy, are current velocity by tide and wind, respectively. In this study, v;5, =2.52 m/s,
Vwind =6.0 m/s and 50 m were used.

Total wave force Fy, along the height calculated by adding all of the forces (drag F,, inertia F;,
slamming Fjanming, and current forces Feyrrent) are plotted in Figure 4. Maximum wave force occurred
when the wave period was 7T/8 period (11.916 s). Here, 0 m is the highest position where wave and
current is applied in the vertical axis.
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Figure 4. Distributions of wave and current forces.

4.4. Load Combinations

On the offshore wind turbine structure, environmental loads such as the wave load, current load,
wind load, and turbine load due to the turbine located at the top of the tower were applied, and these
loads are appropriately combined by the service limit state to perform the structural analysis. In the
case of prestressing tendon, it is necessary to design using serviceability limit state(SLS), and the
material factor y;, for the SLS is taken as 1.0. In this analysis, a total of 12 load cases were applied and
defined by the design conditions and the weather conditions according to IEC 61400-1 International
Design Standards [20], as presented in Table 4. DLC6.1ab, DLC6.2da, DLC6.2ka, DLC6.2fb, DLC6.2kb,
and DLC6.2db are parked and idling situations; DLC2.2cc and DLC2.3bc are power generation and
fault situations; DLC1.4af and DLC1.3a are power production situations; DLC3a is parked and fault
conditions; and DLC8.1al is transport, assembly, maintenance, and repair.

Table 4. Design load cases.

Design Situation DLC Safety Factor
. 1.3a 1.35
Power production 1 4af 135
2.2cc 1.35
Power production plus loss of electrical grid connection 2.3bc 1.10
1.4af 1.10
6.1ab 1.35
6.2da 1.10
6.2ka 1.10
Parked (standing still or idling) 6.2db 1.10
6.2fb 1.10
6.2kb 1.10
3a 1.00
Transport, assembly, maintenance, and repair 8.1al 1.505

5. Structural Analysis and Design

5.1. Structural Modeling

For the structural analysis of the PCF structure, modeling was implemented by the structural
analysis software MIDAS Civil, as shown in Figure 5. The steel shaft and concrete substructure were
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modeled using frame elements, and the pile and concrete sleeve were also modeled as frame elements
to examine the behavior of the structure due to the effects of the pile. Modeling is performed using the
frame element, therefore it is necessary to connect the concrete foundation element and concrete sleeve
element, and an effective connection method needs to be considered.

£=:

Figure 5. Modeling of PCF.

e e

Assuming that the concrete sleeves and piles are sufficiently composited with a length of 4 m,
the rigidity of the concrete foundation itself is high. Therefore, as shown in Figure 5, the concrete
foundation element and the concrete sleeve element are connected using a rigid link. To apply the
behavior of the pile according to the soil conditions, the soil is modeled as an elastic foundation,
and the horizontal and vertical elastic springs are applied to the pile. For the pile, a reverse circulation
drill (RCD) pile with a diameter of 2 m, which is used for marine construction, is applied. The soil
where the PCF structure is located is composed of sandy soil and weathered soil up to a depth of
60 m, as shown in Table 2, therefore piles were penetrated to the weathered soil layer to achieve the
end bearing capacity of the pile. Thus, the total length of the pile was 60 m, and the diameter and
thickness were 1.8 m and 0.05 m, respectively. A 1-m deep pile was modeled as a frame element, and a
total of 60 frame elements were used to model the pile, with horizontal and vertical elastic springs
applied to the center of each pile. The spring stiffnesses were calculated according to the soil conditions
in Section 2.2 and Equations (7)—(9), and the vertical and spring stiffness for each layer are shown
in Table 5.

Table 5. Spring stiffness.

Layer Horizontal Spring Stiffness (N/m) Vertical Spring Stiffness (N/m)
1st 2.251 x 107 1.398 x 107
2nd 1.847 x 10° 6.465 x 10°
3rd 5.756 x 10° 2.492 x 107
4th 9.557 x 10° 3.389 x 107
5th 1.406 x 1010 3.688 x 107
6th 1.783 x 1010 4.385 x 107
7th 3.098 x 1010 5.781 x 107
8th 2.976 x 1010 1.296 x 108
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In this study, three analytical parameters (i.e., boundary conditions, type of pile, and location
of stress concentration) are considered for structural models, and each model is defined as shown
in Table 6.

Table 6. Definition of structural models.

Analytical Parameters Model Name Model
Boundary conditions BC-FB Fixed foundation
y BC-PL Piled foundation
Tvpe of pile PL-RCD RCD piled foundation
ypeotp PL-ST Steel piled foundation
Positi ¢ . SS-CF Concrete foundation
ositions of stress concentration SS-PS Concrete sleeve

5.2. Quasi-Static Analysis

The support structure is subjected to horizontal loads due to turbine and environmental loads,
therefore the maximum displacement occurs in the horizontal direction. To evaluate the influence
of the use of piles on the PCF structure, the horizontal displacement of the piled foundation model
(BC-PL model) was compared to that of the model using the fixed boundary condition instead of the
pile (BC-FB model). The maximum horizontal displacements of the two models according to the load
case are shown in Figure 6, and the deformed shapes are shown in Figure 7.
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Figure 6. Comparison of displacements of BC-PL model and BC-PB model.
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Figure 7. Maximum displacement of structural models.

The maximum displacement occurred at the top of the support structure in both models.
The maximum displacements were 0.0167 m in the case of the BC-FB model at DLC1.3a, and 0.0347 m
in the case of the BC-PL model at DLC1.3a. Comparing the displacements of the two models, it can be
seen that the displacement of the BC-FB model is about 46.40% of the displacement of the BC-PL model.
As shown in Figure 7, the fixed model does not cause the displacement of the bottom of structure due
to the fixed boundary condition.

However, because the BC-PL model has the displacement at the bottom of the pile and structure
due to the use of the soil spring, two maximum displacements can be different by about 46.40%.
Therefore, it is an accurate method to implement the analysis of the support structure by modeling the
pile because the displacement difference occurs depending on the use of the pile when evaluating the
behavior of the pile support structure. Notwithstanding the fact that structural analysis is performed
using fixed boundary conditions due to the uncertainty of the boundary condition between soil and
foundation, this result shows that the piled foundation model is required for the analysis of the global
behavior of the structure. The maximum displacement of 0.0625 m in the support structure is 0.22% of
the total length of the support structure of 28.640 m, and the maximum displacements of the 40-m long
monopile and tripod structure in the study of Chen et al. [21] are 0.4864 m and 0.3687 m, respectively.
Thus, it can be concluded that the maximum displacement occurring in the PCF structure is sufficiently
small to be safe for displacement.

In order to evaluate whether the PCF structure is safe under the turbine load and environmental
load, the generated stress and the displacement were evaluated. The stresses that occurred in the shaft,
which is steel, are as shown in Figure 8, and the stresses of the BC-FB model and the BC-PL model
were compared. The stresses in the two models were almost the same, and the maximum compressive
stress and the maximum tensile stress were —47.900 MPa and 40.900 MPa in DLC6.2da, respectively.
Stress distribution on the shaft is shown in Figure 9, and maximum stress was found at the center of
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the shaft. The allowable stress of the steel can be used as the allowable stress of SM400 steel of 185 MPa
as proposed by the Harbor and Fishery design criteria [22], and the material factor y m for tubular
structures is 1.1 according to DNV-OS-J101. The steel shaft is safe because the maximum stress of
—47.900 MPa does not exceed the allowable stress.
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Figure 8. Comparison of stresses in shaft of piled model (BC-PL) and fixed model (BC-FB).
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Figure 9. Stress distributions of steel shaft on DLC6.2da3.

To evaluate the stresses occurring in the concrete support structure, they were compared to
the allowable compressive and tensile stresses presented in the structural concrete design code [23].
The allowable compressive and tensile stresses of concrete are 0.60f, and 0.60 \/E, respectively,
and those stresses were calculated to be 27 MPa and 4.226 MPa, respectively, when the applied concrete
design strength of 45 MPa was used.

As in the case of displacement, the generated stresses for the pile model are compared to those
of the model using fixed boundary conditions, and the maximum stresses according to each load
case are shown in Figure 10. The stresses in the two models show that the same stresses occur in
each load case, except for the tensile stress of DLC2.2cc and DLC6.2fb. The maximum tensile stress
of DLC2.2cc occurred in the concrete sleeve part, and it was found that the maximum tensile stress
occurred differently depending on whether the pile was used. Therefore, it is necessary to model and
analyze the structure with pile modeling for the stress check. Since the maximum tensile stress occurs
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in some load cases, further study about the concrete-sleeve is needed through a detailed analysis.
The maximum compressive and tensile stresses in the PCF structure occurred in the case of DLC6.2da,
and the values were —7.910 MPa and 6.340 MPa, respectively. The stress distribution for this load case
is shown in Figure 11. It can be seen that the maximum stress occurs at the part where the concrete
cone and the cylinder shape are connected (tapered section). Except for DLC2.2cc, the maximum stress
occurred at the same part, and for DLC2.2cc, the maximum tensile stress occurred at the concrete sleeve.
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Figure 10. Comparison of stresses in concrete of BC-PL model and BC-FB model.
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Figure 11. Stress distributions on DLC6.2da.

Figure 12 shows the stresses of the concrete sleeves for all load cases. When the stress is compared
to the stress at the tapered section, it can be seen that the compressive stress is a maximum of 61.59%,
and the tensile stress is about 90.22% when DLC2.2cc is excluded. This means that the bending moment
generated by the load is supported by the shape and strength of the concrete support structure itself,
but the pile penetrated into the soil has a huge influence on supporting the load. Thus, it is necessary
to consider the stresses occurring in the concrete sleeve, as well as the concrete support structure for
the stress evaluation, and additional reinforcement is necessary when the occurred stress exceeds the
allowable stress.
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Figure 12. Comparison of stresses in concrete of SS-CF model and SS-PS model.

First, the maximum compressive and tensile stresses in the concrete sleeves were —1.43 MPa and
0.991 MPa, respectively. Compared to the allowable compressive stress and the tensile stress, it can
be seen that the stresses did not exceed the allowable values. For the stresses of the entire concrete
structure, the maximum compressive stress does not exceed the allowable compression, but in the
case of tensile stress, it is 6.340 MPa, exceeding 4.226 MPa. This means that the safety of the support
structure is not ensured due to damage, such as fracture in the case of tension, while it is safe in
compression due to the applied loads. Therefore, it is necessary to reinforce the concrete foundation.
The support structure is examined in the following section by applying prestressing steel.

5.3. Post-Tensioning Design

From the results of stress, it was found that prestressing steel is required to reduce tensile stress to
less than the allowable stress. Prestressing steel was chosen from the Korean Industrial Standards for
prestressing wire, and pre-stressing strand, KS D 7002 [24], and SWPC7B of 19 prestressing strand,
which has a 0.01524 m diameter and low relaxation were used. The ultimate strength (f,,) and yield
strength of steel are 1900 MPa and 1600 MPa, respectively, and the nominal cross-sectional area (Ay) is
138.700 mm?. The number and arrangement of tendons have to be determined by considering the size
of the outer and inner diameter of the top of the concrete structure. The outer and inner diameters
are 5600 mm and 4600 mm each, therefore the area of that part is 8.01 x 10 mm? and the number of
tendons is 30. The tendon arrangement is presented in Figure 13.

To apply the effect of prestressing steel to concrete, prestressing force and effective stress have to be
calculated based on the prestressing strand and the number of tendons. For prestressing force, 72% of
the ultimate strength, 1368 MPa, was used. From this strength, the prestressing force of one strand
can be calculated by multiplying 1368 MPa by the nominal cross-sectional area 138.700 mm?, and the
prestressing force of one tendon is the sum of the prestressing force of 19 strands. For the effective
stress, 20% loss of prestressing was applied. Calculation procedure and values of the prestressing force
are presented in Table 7. The calculated effective stress by prestressing steel was 9.36 MPa, as presented
in Table 7. With this value, total stresses on the structure after applying the prestressing steel could
be calculated, and these stresses were evaluated by comparing it with the allowable stresses. From
the quasi-static analysis, maximum tensile and compressive stress were 9.026 MPa and —7.55 MPa,
respectively. Thus, the total stresses could be calculated, as presented in Figure 14, and it is noted that
the maximum tensile stress was changed to compressive stress because an effective stress of —9.36 MPa
was bigger than the occurred stress of 9.02 MPa. Consequently, it is determined that the total stresses
on the structure are safe enough by applying prestressing steel.
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Figure 13. Prestressed tendon arrangement.

Table 7. Prestressing force.

Forces and Stresses Equations and Values

1 strand force 1368 MPa x 138.700 mm? = 189,742 N

1 tendon force 189,742 N x 19 strands = 3,605,090 N

30 tendon force 3,605,090 N x 30 tendons = 108,152,940 N
Stress 108,152,940 N/8.01e+06 mm? = 11.702 MPa

Effective stress 11.702 MPa x 0.8 = 9.36 MPa

Compression -7.55 -9.36 -16.91

(MPa)

Tension
(MPa) 9.02 -9.36 -0.34

(Concrete) (Prestressing Steel) (Total)
Figure 14. Total stresses on structure.
5.4. Pile Evaluation

Due to the turbine and the environmental loads acting on the support structure, the deformation,
compressive stress, and tensile stress occurring in the piles are applied, so it is important to evaluate
the stability and bearing capacity of the pile accordingly. Thus, the displacements and rotation angles
at the top of the piles and the end bearing and pulling capacities of the piles were examined for the
stability evaluation of the piles. According to Upwind final report WP 4.2 [25] and DNV-OS-J101 [26],
the pile displacement at the seabed should be less than 0.1 m and the rotation angle should be less
than 0.5°. The maximum displacements and rotation angles according to the load cases are shown in
Table 8. The maximum displacement and rotation angle occurred at 0.0075 m and 0.0371°, respectively,
at DLC1.3a. These results are less than 0.1 m and 0.5°; thus, the pile is safe for displacement and rotation.
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Table 8. Maximum deflections, rotations, allowable capacities, and loads of the piles.

Allowable Bearing Allowable Pullout

Capacity (kN) Capacity (kN)
Load Cases Max. Deflection (m) Max. Rotation (deg)
830,516 818,653
Compressive Force Tensile Force
DLC6.1ab 0.0066 0.0313 5337 11,641
DLC2.2cc 0.0058 0.0266 3254 9235
DLC6.2da 0.0056 0.0261 4537 10,545
DLC6.2ka 0.0061 0.0287 4249 10,261
DLC1.4af 0.0064 0.0305 4767 11,200
DLC2.3bc 0.0038 0.0152 - 4831
DLCe3a 0.0061 0.0288 4043 9849
DLC8.1al 0.0058 0.0270 3229 9897
DLC1.3a 0.0075 0.0371 8052 14,490
DLC6.2fb 0.0037 0.0145 - 5340
DLC6.2kb 0.0061 0.0286 4235 10,219
DLC6.2db 0.0057 0.0266 4541 10,551

To evaluate the end bearing and pulling capacities of the piles, they are compared to the allowable
bearing capacities according to the soil conditions. The allowable bearing and pullout capacities
can be calculated by dividing the ultimate bearing capacity by the safety factor. The safety factor is
1.5 according to the API design standard [27]. The compressive and tensile forces at the top of the
pile according to the load cases are shown in Table 8, and the maximum values were 8052 kN and
14,490 kN for DLC1.3a, respectively. The end bearing and pulling capacities were calculated to be
1,229,715 kN and 1,227,980 kN, respectively; the allowable end bearing capacity is 819,810 kN, and the
allowable pulling capacity is 818,653 kN. When comparing these allowable values to compressive and
tensile forces at the top of the pile, it can be seen that the allowable values are larger than the applied
loads. Therefore, it is concluded that the piles have sufficient end bearing and pulling capacities for
the applied load and soil conditions.

5.5. Natural Frequency Analysis

To evaluate the dynamic response and stability of the PCF structure, natural frequency analysis
was carried out. To account for the entire model of the structure, the tower was modeled as shown in
Figure 15, and the turbine above the tower was applied as an additional mass. The properties of tower
and turbine are presented in Table 3. The pile for the PCF structure can be considered as a steel pile or
RCD pile, and the results of the three models (i.e., PL-ST, PL-RCD and BC-FB models) are compared to
evaluate the effects of pile type and boundary conditions. The evaluation of the natural frequency was
carried out using the natural frequency design range of the support structure, which has the 3-MW
class turbine in Figure 16. The second and third modes rarely occur in a real structure, therefore the
evaluation of first natural frequency is most important.

@@ (4) (5)

Safety margin +£10% ‘ Safety margin +10% |
< >
At Blade passing frequency
frequency
(1P) (3P)
> Hz
0 0.120.13 0.240.26 0.38 0.42 0.700.77

Frequency (Hz)

Figure 15. Design ranges for the fundamental frequency of WinDS3000.
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Figure 16. Mode shapes of PCE.

A first natural frequency of the support structure must not be in rotor frequency range (1P) or
in blade passing frequency ranges (3P) to avoid the resonance because the resonance induces large
displacements and large stresses in the structure. Generally, in the case of the jacket and tripod support
structures, the first mode natural frequency is designed to be located in the region between 1P and 3P.
The mode shape according to frequency analysis is shown in Figure 15, and the frequencies and periods
according to the models are shown in Table 9. The mode shapes of the PL-ST, PL-RCD, and BC-FB
models were the same, and the first mode frequencies were 0.3519 Hz, 0.3561 Hz, and 0.3814 Hz,
respectively. Two frequency values of the PL-ST model and PL-RCD model show a difference of about
1.1%, and they are all located between 1P and 3P, which is the region between the frequencies of the
rotor and the blades. However, a frequency value of 0.3814 for the BC-FB model is in 3P region and
resonance can occur. Therefore, when steel or RCD piles are used, it can be concluded that the PCF
structure has similar and safe vibration characteristics to the existing support structure of the jacket or
tripod. The RCD pile filled with concrete is more massive than the steel pile, therefore the frequencies
between the two models are expected to show a large difference. However, the difference between
frequencies was not significant. It is confirmed that the factor influencing the natural frequency is the
pile model or the fixed model is affected by the pile type considering the pile stiffness.

Table 9. Results of natural frequency analysis.

PL-ST PL-RCD BC-FB
Mod
ode Frequency (Hz)  Period (sec)  Frequency (Hz)  Period (s)  Frequency (Hz)  Period (s)
1st 0.3519 2.8415 0.3561 2.8080 0.3814 2.6221
2nd 0.3519 2.8415 0.3561 2.8080 0.3814 2.6221
3rd 1.1818 0.8462 1.1838 0.8447 1.2079 0.8279
4th 1.5917 0.6282 1.6329 0.6124 1.9814 0.5047

6. Conclusions

In this study, structural analysis using general-purpose structural analysis software was performed
to evaluate the adequacy of behavior mechanism for the 3-MW class piled concrete foundation. Three
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analytical parameters were defined to consider the interaction between the ground and the structure.
Analysis was carried out on a fixed boundary application model that eliminated the uncertainty of the
pile and concrete connections, and two models with different pile stiffness were proposed. By analyzing
the behavior of the entire supporting structure and evaluating the stability of displacement, stress,
and natural frequency, dominant mechanisms of the behavior were identified, and the impact of
the influence factors was summarized. This study aims to provide well-documented results to help
expand our understanding of piled concrete foundations and facilitate the application of this innovative
foundation system. The following conclusions are drawn according to the structural analysis.

(1) From the quasi-static analysis, maximum stresses and displacements of a fixed foundation
and piled foundation were evaluated. Stress results showed that the differences in the maximum
stresses between the fixed foundation and piled foundation were as not large, but the maximum stress
locations were different.

(2) As a result of structural analysis using three parameters, the fixed end boundary condition
for the design of concrete member was found to be unreasonable because the overall stress and
displacement was about 46.40% larger than the model using pile and soil spring.

(3) In the analytical model considering the soil-structure interaction, the stiffness of the soil
spring model according to the type of soil rather than the pile type influenced the natural frequency.
The boundary conditions of the pile and concrete connections must be considered when evaluating the
natural frequencies, which is the first mode of frequency considered in the design.

(4) Tensile stress of the concrete structure was designed to be sufficiently reinforced by
prestressing tendon.

(5) Further details on the construction method of PCF should be obtained by performing detailed
studies on the connection between pile and concrete.
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Abstract: Vertical axis wind turbine (VAWT) is a competitive power generation device due to structural
simplicity, wind direction independence, no yaw mechanism required, easier maintenance, and lower
noise emission. However, blade tip vortex will be generated at both ends of the blade during the
rotation, resulting in torque loss and efficiency reduction. In this paper, computational fluid dynamics
is used to study blade tip vortex and its reduction technique of a single-blade VAWT rotor in real
scale. By monitoring the force and flow field at different heights of the blade, the influence ranges of
tip vortex are obtained. The reduction effect of the bulkhead obtained from the blade profile curve is
studied, and the size of the bulkhead is optimized. On the basis of adding the optimal bulkhead,
the influence of the supporting strut is also explored. The joint action is obtained by changing the
location of the supporting strut. The results show that the top supporting strut-bulkhead structure is
the optimal position. The power-extraction efficiency of the rotor with this integrated structure is
significantly improved at optimal tip speed ratios (TSRs) and higher TSRs.

Keywords: vertical axis wind turbine; tip vortex of blade; supporting strut; performance optimization;
computational fluid dynamics

1. Introduction

Wind power is one of the solutions to energy problem as a clean energy source with large reserves
in nature. According to the Renewables 2019 Global Status Report [1], in the whole year of 2018,
the installed capacity of wind power in the world exceeded 51 gigawatt (GW), with a growth rate
of 9%, and the total capacity reached to 591 GW. At present, the traditional horizontal axis wind
turbine (HAWT) is more popular in the wind energy market due to its advanced development and
high efficiency [2]. However, HAWT has difficultly achieving larger sizes because of the limitation of
blade length and strength. On the other hand, vertical axis wind turbine (VAWT) has attracted more
and more researchers’ and manufacturers’ attention due to its advantages of adaptiveness to wind
direction, convenient installation and maintenance, and the ability to be expanded to larger sizes [3,4].

Improving the efficiency of VAWT is an important target in wind energy generation. Tip vortex
is part of the three-dimensional unsteady flow, which constantly sheds in each blade revolution,
decreasing the torque and causing structural vibrations. Kudela and Malecha revealed that the
detachment of the vortex from the boundary layer leads to the sudden drop of the lift force, based on a
vortex-in-cell model [5]. Hofemann and Simao et al. [6,7] experimentally detailed and qualified the
evolution of the tip vortex in the near wake with 3D-Stereo Particle Image Velocimetry. Hamada et
al. [8], Howell et al. [9], and Lam and Peng [10] compared the torque generated by blade between 2D
and 3D computational fluid dynamics(CFD) models, and obtained the conclusion that the 3D effects
significantly reduced the extraction rate of wind power. Yanzhao Y et al. [11] studied the effects of tip
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vortex on the wake of a two-blade VAWT with different tip speed ratios (TSRs) by CFD simulations.
Balduzzi et al. [12] conducted a detailed 3D CFD analysis of H-type Darrieus single-blade rotor with an
aspect ratio (AR) of 17.5. Studies have shown that the torque loss caused by the three-dimensional effect
due to the finite blade length is equivalent to the blade length loss of 1.5c. Many researchers have made
efforts to reduce the tip loss. Zanforlin and Deluca [13] proposed that AR > 0.8 should be considered
in design to avoid the effect of tip vortex. Some others have proposed ways to change the blade shape
for tip vortex reduction, such as a helical blade [14,15] and elliptical blade tip [16,17].The installation of
a tip device is also a method to improve the turbine performance. Winglets and bulkheads are mostly
used in experiments and simulations [16-19]. Considering the 3D effect caused by supporting strut,
some research was undertaken in terms of the cross section and location of the strut [8,16,20-22]. The
results show that the more streamlined hydrodynamic strut section provides lower strut drag.

To date, most of the 3D effect studies of VAWT focus on the medium or small turbines. In this
paper, the 3D effects of blade tip vortex and supporting strut are studied by CFD numerical simulation
with a large turbine model in real scale. The objectives of this study are to explore the methods of
reducing tip vortex and optimizing the structure of the turbine, which could improve the performance
of the VAWT.

The paper is organized as follows. Section 2 introduces the numerical methodology and some
parameter settings. The independence verification of grid and time-step is also presented. Section 3
shows the numerical results and analysis. Section 3.1 analyzes the effect ranges of tip vortex in detail.
In Section 3.2, a bulkhead is added to reduce tip vortex, and the size of the bulkhead is optimized.
Section 3.3 considers the influence of supporting strut. Additionally, the optimal position and structural
form of supporting strut are found based on the addition of the optimal bulkhead. Section 3.4 compares
the gains on the presented structure with different TSRs.

2. Numerical Methodology

2.1. Computational Model

The subject of our study is a three-blade VAWT rotor whose rated power is 2.5MW. The rotor is
part of an offshore floating twin VAWT system, as shown in Figure 1. The ratio of the height and the
diameter for each rotor is larger than the conventional single-rotor VAWT. The main parameters and
the model diagram of the rotor are shown in Table 1 and Figure 2, respectively. The large chord length
of 7.2 m was chosen by directly scaling, based on our model-scale experimental results [23]. It is worth
noting that this chord length may not be the optimal one for this rated power output due to the scale
effects. In addition, a shorter blade chord will lighten the weight of the rotor, reduce the solidity of the
rotor, and tend to enhance the power coefficient. Finding the optimal chord length, one may need
to conduct a detailed investigation. Focusing on the objective of this work, the blade with the chord
length of 7.2m was chosen to be the study subject. Considering the computational resources in real
scale simulation, this paper simplified the model and only studied the single rotor with a single blade.

Table 1. Main parameters of the rotor.

Main Parameters

Blade profile NACAO0018
Blade chord, c(m) 7.2
Rotor height, H(m) 107.8
Rotor diameter, D(m) 57.8
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Figure 1. Concept design of an offshore floating twin vertical-axis wind turbine system.

H=107.8m

Figure 2. Model diagram of the rotor.

In the numerical calculation, we used the finite-volume Navier-Stokes solver in the STAR-CCM+
for simulation. In order to improve the accuracy and minimize the calculation cost, this study only
carried out a semi-basin calculation, and divided the computational domain into external flow field
and internal flow field, as shown in Figure 3. The internal flow field was a cylindrical region, including
the rotor part of the VAWT, which rotated. The external flow field was a rectangular region, including
the part outside the rotor. The center of the column in midspan was selected as the coordinate origin of
the computational domain. The velocity inlet was located at the 3D position in the upstream area from
the rotor center, and the pressure outlet was located at the 10D position in the downstream area. The
domain of the entire flow field was 13D long, 8D wide, and 1.5H high. The cylinder diameter and the
height of the rotor domain were 1.18D and 0.8H. These two computational domains were connected

by interfaces.
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Figure 3. Computational domain with boundary conditions and sizes.

The surface of blade was set as wall, and the remaining boundaries of the domain were set as
symmetrical plane. The turbulence model was SST k — @, commonly used in the numerical simulation
of VAWT [11,13,21,24-26]. The wind speed at the velocity inlet was set at 10m/s, and the pressure at
the outlet was set at 0 Pa. The blade tip speed ratio (TSR) was set at 3, so the rotation angular velocity
of the rotor was 1.038rad/s.

The grid form adopted in this study was the cut volume grid. Two layers of wake refinement area
were set in the outflow field whose basic size of the grid was 0.8 chord length. The grid size was 50% of
the basic size in the first layer and 25% in the second layer. In order to get a better transition between
the external flow field and the internal one, the basic size of the rotating domain was the same as the
size in the second layer of refinement area. The condition of the blade was defined as no-slip, and 20
layers of prismatic boundary layer cells were generated with growth ratio of 1.2. Local refinement was
carried out on the blade surface. The total number of grids was 5,694,103. The computational mesh of
the whole domain and near the blade are shown in Figure 4. Using implicit unsteady method, a time
step was set at 0.0168s, namely the time for the rotor turning 1 °.

@)
Figure 4. Cont.
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(b)

Figure 4. (a) Computational mesh of the domain; (b) computational mesh near the blade surface.

2.2. Mesh Convergence

Another two sets of mesh with coarser division and finer division were obtained by changing
the basic size. The three mesh sets are shown in Table 2. The instantaneous torque coefficient C; is
defined by Equation (1), where 1 = 4 due to the semi-basin simulation. The blade instantaneous
torque curves of the three mesh sets are shown in Figure 5. According to Equation (2), we could obtain
the work done by torque using the area under the curve. The deviation of the work done obtained
by medium mesh and fine mesh was 2%, much less than the deviation of medium and coarse mesh.
Moreover, the torque curves of medium and fine mesh showed more similar variation. Thus, the
medium mesh was considered to be converged and such set was used for subsequent simulations.

T
¢ = 1)
1pV2DhR
W= =~ " Tdo 2
- 180 91 7 ()

Table 2. Mesh size and quantity.

Mesh Basic Size (m) Total Number

Coarse 6.79 2,659,364
Medium 4.80 5,694,103
Fine 3.39 12,621,404
0.40
N
Coarse
030 F — — Medium
—-— Fine

0.20

Ct

0.10

0.00

i 1 " 1 " 1 " 1 " 1 e
10 0 60 120 180 240 300 360
Azimuthal Angle 0 /°

Figure 5. Instantaneous torque of a blade under three mesh sets.
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2.3. Time-Step Convergence

Balduzzi et al. [27] noted that in most studies of the VAWT simulation, the time-step is set to
the time in which the rotor makes a rotation between 0.5° and 2°. Three groups of time-step were
used to calculate, respectively, the rotor turning 1°, 2°, and 3°. For the 1°and 2° time settings, the
difference of the torque area under the curves (Figure 6) were less than 1%o, so the 2° turning for a
time-step converged.

0.40
—— At=time to turn 1°
030 — — At=time to turn 2°
’ — - — At=time to turn 3°

0.20

Ct

0.00

-0.10 H 1 H 1 H 1 H 1 H 1 H
0 60 120 180 240 300 360

Azimuthal Angle 0 /°

Figure 6. Instantaneous torque of a blade under three time-step sets.

2.4. Numerical Model Validation against Model-Scale Experimental Data

Before further investigating the numerical simulation results, it is necessary to check the reliability
of abovementioned modelling techniques against experimental data. However, there is no experimental
data available for full-scale 2.5MW VAWT. The model-scale experimental measurements were adopted
to validate our numerical model. More information on the wind tunnel experiments can be found in the
previous publication [23]. Y+ distribution and mesh generation along the blade of the numerical model
is shown in Figure 7. The average of the measured torque acting on the wind turbine rotor under the
wind speed of 7.7 m/s are plotted in Figure 8, together with the predictions of CFD simulations based
on the abovementioned modelling techniques. It can be seen that the torque predicted by numerical
simulation tends to be slightly larger than the experimental value at low rotational speeds and slightly
smaller at higher rotational speeds. Overall, the simulated torque curve agrees well with the one
obtained from the experiment, and is therefore considered valid.
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Wall Y+

(a) {b)

Figure 7. (a) Y+ distribution along the blade; (b) numerical mesh on the blade.
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Figure 8. Experimentally obtained and numerically simulated torque as a function of rotational speed
of an isolated vertical axis wind turbine (VAWT).

3. Results and Numerical Analysis

3.1. Influence of Tip Vortex

In order to better calculate and monitor the influence range of tip vortex on the blade surface,
the blade length was divided based on the chord length. Airfoil sections with a height of 0.05m were
intercepted at positions 0.05c, 0.25¢, 0.5¢, 1c, 2¢, 3¢, 4¢, 5c, 6¢, and 7c from the tip of the blade. As shown
in Figure 9, the initial position angle of blade is 0°. From 0° to 180° is upwind region in a rotating cycle
(upstream), and 180° to 360° is downwind region (downstream).

The instantaneous torque curves of the fourth cycle were selected for analysis, as shown in
Figure 10. The ordinate is the instantaneous torque coefficient per 0.05m height section, which is
defined by Equation (3). Here, T, denotes the instantaneous torque per unit section. It can be seen that
the torque at section 0.05c is negative for most of the cycle. In the upwind region, the closer the section
is to the blade tip, the smaller the torque contribution will be. The sections below 3c from the tip of
the blade are slightly affected by tip vortex. In the downwind area between 300° and 340°, the torque
curve shows a steep fall. It can be observed from the three-dimensional vortex diagram that this steep
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drop is caused by the collision between the blade and the vortex shedding in the previous cycle, as

shown in Figure 11.
T,

Cro = ——=—,
“ 7 1pv2Di.R

©)

0°

U, Upwind Downwind

AL TN
N[/

180°

Figure 9. Upwind and downwind paths during a rotation.
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Figure 10. Instantaneous torque of sections at different heights during a rotation.

These instantaneous torque curves can be divided into two modes according to the downwind
variations at different heights. The distances of 0.05¢, 0.25¢, and 0.5c from the blade tip are in the first
mode, and distances of 1c to 7c from the blade tip are in the second mode. In the first mode, the torque
is greatly reduced due to severe influence of tip vortex and severe damage of flow field. Additionally,
the closer the section is to the blade tip, the greater the torque reduction will be. It can be said that
for height above the 0.5c-section, tip vortices are more likely to disturb the flow field, as shown in
Figure 12. However, in the second mode, there is a larger torque of section closer to the blade tip in a
specific azimuthal angle range, which could be explained as follows. The geometrical relationship
between angle of attack and blade azimuthal angle is shown in Figure 13, and the lift coefficient (angle
of attack of NACAQ018) is shown in Figure 14. The data is obtained by applying the Xfoil software,
and published on the website, http://airfoiltools.com/polar/details?polar=xf-naca0018-il-1000000. To
make sure the predicted install angle is adequately accurate, we also conducted our 2D numerical
simulations to predict the lift coefficient corresponding to several angles of attack of NACA0018 airfoil.
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The predicted results are compared with the published data in Figure 14. The predicted lift coefficient
is slightly lower, but trends of two results are close, and both results show that the stall angle of
NACAO0018 at high Reynolds number is around 17°. From Figure 13, we can obtain the geometrical
relationship between angle of attack and azimuthal angle, as shown in Equation (4). For simplicity, the
induction factor a was ignored [28]. It can be derived that (224.3°, 281.7°) in the downwind is a zone
for the blade stall by Equation (4). At a height close to the tip of the blade, due to the existence of tip
vortex, a downwash angle is generated [12], which reduces the attack angle of the blade and fails to
reach the critical angle of stall. Thus, in the range of 220° to 280° shown in Figure 10, the higher the
height from 1 c to 7 ¢, the greater the torque value will be.

Ueo (1-a)sin®
wR + Uso(1-a)cos6’

tanae =

4)

Top view

Tip vortices Velocity: Magnitude (m/s)
0.00000 2.4000 4.8000 7.2000 9.6000 12.000

v,

Figure 12. Streamline at the blade tip.
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Figure 13. Geometrical relationship between angle of attack and blade azimuth. 0 is the azimuthal
angle, a is the angle of attack, a is the axial induction factor.
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Figure 14. NACAO0018 airfoil lift coefficient (angle of attack).
3.2. Bulkhead Inhibition of Tip Vortex

In order to restrain the influence of tip vortex on blade surface, a tip device was added. The
bulkhead was obtained by expanding the blade profile curve. The edge of the bulkhead was 2m away
from the blade surface, and the thickness was 0.2m. The edge was set as a round angle with a radius
of 0.1m. Figure 15 shows the streamline at different heights of the blade sections when the bulkhead
is added or not. The azimuthal angle is 88°.It can be seen from Figure 15a that the closer the height
is to the top of the blade, the more disordered the streamline is. Figure 15b shows the streamline
is smoother under the action of the bulkhead. The comparison of instantaneous torque at different
heights is shown in Figure 16. It can be seen that the instantaneous torque of the blade with a bulkhead
is much larger than that of the blade without a bulkhead above the height of the 1c-section. That is, the
inhibition of the bulkhead on tip vortex is obvious above the height of 1c-section, and there is basically
no effect below the height of 3c-section.
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Figure 15. The streamline at different heights of the blade sections when the azimuthal angle is 88°: (a)

without a bulkhead; (b) with a bulkhead.
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Figure 16. Instantaneous torque with or without a bulkhead at height of (a) 0.25¢; (b) 0.5¢; (c) 1c; (d) 3c;
(e) 5¢; (f) 7c.

In order to study the effect of bulkhead size on turbine performance, six cases (A = 0, 0.18c, 0.35c,
0.56¢, 0.76¢, and 1c) were selected for calculation, where A represents the distance between the edge of
the bulkhead and the blade surface. The geometric models are shown in Figure 17.

In the simulation, the total torque, torque of the blade, and torque of the bulkhead were monitored,
respectively. Work done by the blade with six sizes of bulkhead were calculated from the torque data
and are shown in Figure 18. We used a non-dimensional quantity W’ to represent the work W. The
total work concludes both the bulkhead and the blade work. It can be seen from Figure 18 that, as the
size of the bulkhead increases, the blade work shows an increasing trend. However, the larger the
bulkhead size is, the greater the resistance will be. The growth trend of the total work starts to slow
down after the corresponding point of A= 0.35c, and A= 0.35c is considered as the preferred size. At
this time, the total work increases by 4.25% compared with the blade without a bulkhead.

176



J. Mar. Sci. Eng. 2020, 8, 225

_ @& ( -
b
A=0 A=0.18¢c A=0.35¢
(a) (b) (c)

\ — e
—_— -~
A=0.56¢ A=0.76¢
A=1.0¢
(d) (e) )

Figure 17. Perspective view of six bulkhead sizes: (a) A = 0; (b) A = 0.18¢; (¢) A = 0.35¢; (d) A = 0.56¢;
(e) A= 0.76¢; (f) A = 1.0c.

0.26
2
>
*Q.
v 0.24 -
=
% 1 —=— total work
= —— work of blade
0.22 ' : ' : '
0.0 0.2 0.4 0.6 0.8 1.0
0.000
=
ol
&
% ——— work of bulkhead
" 0,004 -
S
=
i
=
-0.008 H | L | L | H | H 1
0.0 0.2 0.4 0.6 0.8 1.0

bulkhead size:A/c

Figure 18. Total work, blade work, and bulkhead work under six sizes of bulkhead.

3.3. Influence of Supporting Strut

The supporting strut connecting the blade to the central column also produces a three-dimensional
effect that affects the performance of the rotor. The cross section of supporting strut usually has several
forms, such as rectangle, circle, and airfoil. In this part, a streamlined airfoil section was selected for

the modeling and calculation.
The NACAOQ018 airfoil, the same as the blade, was selected for the supporting strut, and the chord

length was 0.5¢, as shown in Figure 19.
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1.
1
I

: Front View Side View

Figure 19. Blade-supporting strut rotor model.

On the basis of installing a bulkhead with size A= 0.35¢, four cases where the supporting strut
was located at 4c, 2.5¢, and 1c from the blade tip and at the top were selected for calculation, as shown
in Figure 20.

(D Strut at 4¢ | @) Strutat 2.5¢

®) Strutat lc \ @ Strut at the top

Figure 20. Supporting strut at different heights.

Table 3 lists the total work and the work of blade in each case, also presented by W’. When the
supporting strut is 4c, 2.5¢, and 1c away from the blade tip, it performs negative work. Therefore, the
total work is less than the work generated by the blade. However, in the process of the supporting
strut moving up, the difference between the total work and the work of blade becomes smaller and
smaller, which indicates that the resistance of the supporting strut together with the bulkhead gradually
decreases. When the strut is at the top, the total work is even greater than that of the blade part. As
can be seen from Figure 21, a forward torque is generated when the strut is at the top. Such results can
be attributed to the windward angle of attack generated by the incoming flow when the strut is at the
top of the turbine, thus generating lift.
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Table 3. Total work and work of the blade with a strut at different heights.

Total Work (W’) Increased Work of Blade (W’) Increased
Percentage Percentage
Blade with strut at 4c 0.2215 - 0.2222 -
Blade with bulkhead 0.2308 4.23% 0.2338 5.20%
and strut at 4c
Blade with bulkhead 0.2306 4.11% 0.2334 5.02%
and strut at 2.5¢
Blade with bulkhead 0.2336 5.46% 0.2356 6.04%
and strut at 1c
Blade with bulkhead 0.2415 9.05% 0.2404 8.20%
and strut at top
0.008
strut at 4¢
B — = strut at the top
0.004
O
0.000

-0.004 N 1 N 1 " 1 N 1 . 1 "
' 0 60 120 180 240 300 360

Azimuthal Angle 6 /°

Figure 21. Instantaneous torque of the supporting strut at the top and at the height of 4c.

As can be seen from Figure 22, when the supporting strut is at the top, the torque value of the
0.05¢c-section to 0.5c-section increases compared with that when only the optimal bulkhead is installed.
That is, the supporting strut enhances the effect of tip vortex reduction. From Figure 23, it can be seen
that the streamline is smoother when the supporting strut is at the top. We call this structure the top
supporting strut-bulkhead structure. Therefore, the supporting strut at the top has two advantages:
firstly, it generates forward torque rather than resistance; secondly, it enhances the effect of reducing
tip vortex. As can be seen from Table 3, the top supporting strut-bulkhead structure has a work
performance gain of 9.05%.
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Figure 22. Comparison of instantaneous torque among three different blade tip shapes at height of (a)
0.05¢; (b) 0.25¢; (c) 0.5¢.
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Figure 23. The streamline at different heights of the blade sections when the azimuthal angle is 88°:
(a) with a bulkhead; (b) with a top supporting strut-bulkhead structure.

3.4. Performance of the Top Supporting Strut-Bulkhead Structure under Different TSRs

In the previous study, only the calculation and analysis at TSR = 3 were carried out. Since the
aerodynamic performance varies under different TSRs [29], other cases were calculated under TSR = 1,
2, and 4. Figure 24 shows the work done by the whole structure under four TSRs. TSR = 1 and 2
are low tip speed ratios, while TSR = 3 and 4 are good and high ones. When TSR is low, blade stall
is serious and the top supporting strut-bulkhead structure does not perform well. However, under
higher TSRs, it can be seen that the work done by the top supporting strut-bulkhead structure is much
larger. When TSR = 3 and TSR = 4, compared with conventional blade-and-strut structure, the work
done by the proposed structure is increased by 9.05% and 10.48%, respectively.

0.28
conventional blade-and-strut structure
— e top supporting strut-bulkhead structure
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=
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Figure 24. Work done by torque of the whole structure under four TSRs.
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4. Discussion

In this paper, a numerical model for predicting the aerodynamic performance of a real-scale
VAWT was established. The influence of blade tip vortex was analyzed, and the supporting strut
at different heights was considered together with the action of the bulkhead. The structure of the
rotor was optimized with the selected bulkhead size and strut position, which greatly improved the
performance of the rotor.

First, the torque and flow field at different heights of the blade were monitored to analyze the
influence ranges of tip vortex. In the upwind area of rotation, tip flow was mainly manifested as
the destruction of flow field. The torque of the blade section less than 3c away from the tip of the
blade decreased to different degrees, and the closer it was to the tip, the more obvious the reduction
was. The overall torque of the blade section at a height less than 0.05c away from the blade tip was
negative work.

Second, a bulkhead was added to reduce blade tip vortex. The effect was more obvious when
the bulkhead was enlarged. However, a larger bulkhead could generate resistance, which limited the
improvement of the total torque. When the bulkhead size increased to a certain extent, the total torque
of the blade changed slowly. In the six cases of A = 0, 0.18¢, 0.35¢c, 0.56¢, and 0.76¢ selected in this
study, it was calculated that A = 0.35c was the best extension size, and the torque power of the blade at
this time increased by 4.25% compared with the blade without a tip device.

In addition, different heights of the supporting strut were considered in the calculation. When
the position of the strut moved from the 4c-section to 1c-section, the total power of the rotor kept
increasing. The supporting strut could reduce tip vortex when it was located at the blade tip together
with the bulkhead. At this time, the total power increased by 9.05% compared with the conventional
structure whose supporting strut was at the height of 4c-section and no bulkhead.

Moreover, the effect of the top supporting strut-bulkhead structure was compared under different
tip speed ratios. Atlow TSRs, because of the serious stall, the supporting strut-bulkhead structure
did not show performance gain. While at higher TSRs, the torque of the whole structure was
significantly improved.

The design of this supporting strut-bulkhead structure provides an option for the design and
optimization of large VAWT structures in the future. Further studies can consider the interaction
between several blades and whether multi-blades will limit the installation of tip devices.
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Abstract: Due to the energy crisis and greenhouse effect, offshore renewable energy is attracting
increasing attention worldwide. Various offshore renewable energy systems, such as floating offshore
wind turbines (FOWTs), and wave energy converters (WECs), have been proposed and developed so
far. To increase power output and reduce related costs, a combined marine energy structure using
FOWT and WEC technologies has been designed, analyzed and presented in the present paper. The
energy structure combines a 5-MW braceless semisubmersible FOWT and a heave-type WEC which
is installed on the central column of the semisubmersible. Wave power is absorbed by a power
take-off (PTO) system through the relative heave motion between the central column of the FOWT
and the WEC. A numerical model has been developed and is used to determine rational size and
draft of the combined structure. The effects of different PTO system parameters on the hydrodynamic
performance and wave energy production of the WEC under typical wave conditions are investigated
and a preliminary best value for the PTO’s damping coefficient is obtained. Additionally, the effects
of viscous modeling used during the analysis and the hydrodynamic coupling on the response of the
combined structure are studied.

Keywords: wind-wave energy structures; floating offshore wind turbines; wave energy converters;
viscous effects; hydrodynamic coupling

1. Introduction

Due to the exhaustion of fossil fuels and their pollution on the environment, people are trying to
develop various clean and renewable energy technologies to replace conventional energy resources.
Offshore wind energy has experienced rapid development [1] during the past ten years however it
faces significant challenges to ensure commercial viability due to the policy of grid parity [2]. The ocean
contains a variety of clean and renewable resources such as wind energy, wave energy and tidal energy,
etc. Wave energy is still in the very early stages of development. The integration of offshore wind
energy and wave energy power generation by sharing space, transmission infrastructure, operation
and maintenance (O&M) activities and supporting structure will improve the utilization efficiency of
marine renewable energy, but also reduce their levelized cost of energy.

Many scholars tried to develop different wind-wave combined systems. The EU funded Marine
Renewable Integrated Application Platform (MARINA Platform) program [3] that proposed possible
combined systems for use. For example, two combined systems have been proposed, which respectively
consist of the same WindFloat semisubmersible turbine platform with a point-absorber-type wave
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energy converter (WEC) and an oscillating-water-column type WEC. Peiffer et al. [4] and Aubault
et al. [5] investigated the coupled dynamic analysis by numerical and laboratory models. Muliawan
et al. [6,7] proposed an integrated concept combining a spar-type floating wind turbine with a torus
WEC (named as STC). The dynamic response characteristics of the combined structure in typical
operational and extreme sea states were studied. Further, Wan et al. [8-10] studied the dynamic
response characteristics of the STC under typical operational and extreme sea states based on numerical
and experimental methods. Another combined structure combining a floating semisubmersible wind
turbine and flap-type WECs (named as SFC) was proposed. Michailides et al. [11-13] systematically
studied the integrated operation of the SFC by numerical simulation and physical model tests and it was
found that the total produced power can be increased. Moreover, Ren et al. [14] studied a new combined
structure consisting of a monopile type wind turbine and a heave-type wave energy converter (denoted
as MWWC). However, the conceptual designs of combined structure based a floating semi-submersible
wind turbine and WECs in deep water have been insufficient so far.

In the present paper, we introduce a combined marine energy structure consisting of a 5-MW
braceless wind turbine developed in [15] with a heave-type WEC inspired by the STC system [16,17],
which was proposed first by our team. At the first stage, it aims to investigate the dynamic response and
its geometry and various parameters. Based on potential flow theory by means of ANSYS/AQWA [18],
we developed a numerical model, and the best diameter and draft of the WEC are selected. Moreover,
the effect of different power take-off (PTO) parameters on the performance of the WEC’s produced power
is investigated. A rational PTO damping and stiffness coefficient related with the power production is
proposed. The effect of viscous load modeling and hydrodynamic coupling on the response of the
combined structure is studied. Motions and dynamic responses of the combined structure under typical
operational and extreme sea states are presented. The relative heave, semisubmersible pitch, horizontal
contact force and PTO damping force of the combined structure, have an almost linear relationship with
the wave height, while WEC surge and PTO produced power have an almost quadratic relationship
under regular waves. Finally, a survival mode is examined in order to ensure combined concepts
survivability in extreme wave conditions.

2. Theoretical Background Used for the Development of the Numerical Mode

2.1. Potential Flow Theory

For large-diameter elements, the existence of the structure affects the characteristics in the
surrounding flow field. For the calculation of wave load, the three-dimensional potential flow theory is
adopted [19,20], which generally assumes an ideal fluid and incompressible flow. The Laplace equation
can be obtained with a velocity potential @ based on the conservation of fluid mass and momentum,
and is expressed as follows:

Vz(j)(x, y,z,t) =0 (1)
The free wave surface, structure surface and subsea conditions of @ can be expressed as below:
P IP
20 —
% = an i (3)
Ip
5% = 0,z=-h (4)

where U and 7 represent the generalized velocity and generalized normal vector of the corresponding
motion mode of a point on the structure surface, respectively.
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In the potential flow theory, the control equations and boundary conditions can be linearized, and
the linear superposition principle can be used to decompose the velocity potential as below:

o0 ,2,t) = b y,2,1) + ¢(x,y,2, 1) + ¢(x,,2,t) ©)

where ¢(x, y,z,t)’ represents the incident wave velocity potential, ¢)(x, 1/, z,t)" is the diffraction potential
and ¢(x, y,z,t)" represents the radiation potential.

If the floating platform exhibits simple harmonic motion at the balanced position in static water,
the velocity potential of the floating platform can be expressed as follows:

b(x,y,2,1) = Relp(x, y,2) - exp(~iwt)} 6)

o(x,y,z,t) = (pi (x,y,z,t) + (pd (v, y,z,t) +¢"(x,y,2,1) (7)

The incident wave velocity potential can be expressed as follows:

_ Ag cosh[k(z 4 h)]

T osh T -exp(ik(x-cosp+ y-sinpB)) (8)

o(x,y,2,t) =
where A, g, h, k and f represent the wave amplitude, gravitational acceleration, water depth,
wavenumber and wave propagation direction, respectively.
The radiation potential that can be solved by the following governing equations and boundary
conditions can be expressed as:

p(x,y,z,t) = —iaﬁj(p;(x, Y,z) 9)

The control equation, free wave surface condition, structure surface condition, subsea conditions
and r — oo can be expressed as follows:

V2! (x,y,2) =0 (10)
J0:
%—V(p;:O,Z:O (11)
8g0; _
8(p;
W = 0, z=-h (13)
3(p; ,

where X; is the motion amplitude in the motion mode of j, and (p; represents the radiation potential in

r= \Jx%+ 12 (15)

Finally, the Green’s function method is used to calculate the diffraction potential and is no
elaborated further here.

the motion mode of ;.

2.2. Viscous Load Modeling

2.2.1. Morison Equation (Cylinders of the Semisubmersible Platform)

For small-diameter offshore structures, the Morrison equation is mainly used to calculate the
hydrodynamic loads [19,21]. When the diameter of the structure is less than or equal to 0.15 times the
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wavelength, the existence of the structure has small effect on the wave field. The wave force applied on
the structure is the sum of the drag force and the inertia force, which can be expressed as follows:

fa= CngHM (16)

where C; represents the drag force coefficient. In the paper, C; = 1.2 is selected due to H/d < 0.2 and
d/L >0.2; H, d and L represent wave height, water depth and wave length, respectively; u, D, and p are
the incoming flow velocity, structure diameter and fluid density, respectively; and f; represents drag
force on a unit height of the structure.

2.2.2. Heave Mode Viscous Load Effects on the WEC

The viscosity can significantly affect the dynamic responses of the combined structure (especially
the estimation of the PTO produced power), but the effect of viscous damping on the WEC cannot be
calculated based on potential flow theory, which has a great difference with physical truth. Therefore,
the viscous effect of the heave mode of the WEC has been additionally included, which is calculated as
follows [22,23]:

peritical — o \/ (M33 +mz3) - K33 (17)

Fviscous _ Dcritical X1 (18)
where M33, m33 and K33 represent the mass, added mass at heave natural frequency and hydrostatic
stiffness coefficient of the WEC in the heave direction and their values are 540.982 t, 422.3 t and
1515.4 kN/m, respectively; FPiscous, Deritical and 1) are the viscous force, the critical damping and damping
coefficient based on the viscous effects of the heave mode of the WEC. Based on the reference [24],
a damping coefficient of 6-10% in heave direction is recommended using experimental study for
different cylindrical semisubmersible platforms. Therefore, 8% of damping coefficient for WEC in
heave direction is used in our simulation.

2.3. Equation of Motion of the Combined Structure

The simulation of the combined structure is carried out in the time domain. The hydrodynamic
properties of the numerical modeling, such as the linear excitation forces, added mass and potential
damping as well as the coupling terms of the two bodies, are obtained. In addition, the mechanical
coupling (PTO of WEC) between the two bodies is modeled with both linear damper and spring.
The mooring lines are also regarded as linear springs. Therefore, the equation of motion for the analysis
of the combined structure can be expressed as follows [9]:

Y ) limf? b
o @ ) ) ):f(fl o) (el )+ fEt; R
[ty J+{ P

(R)y;  (R)p

flinterface(t) _ _fzinterfuce(t) (20)
FI;TO — _FIZJTO (21)

where the subscripts 1 and 2 are denoting the semisubmersible platform and the WEC, respectively;
M and m represent the structural mass matrix and the added mass, respectively; x, x and x represent the
displacement, velocity and acceleration of the bodies; h(t-7) represents the retardation function; R;; is
the restoring coefficient matrix; f*?(t) and f*%(t) represent wind loads on the rotor and wave forces,
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respectively; flvismus (t) is the viscous force based on Morison equation applied on the semisubmersible
and f{5°"3(t) is the viscous load applied on the WEC (Equation (21)); f¢/¢(¢) is the interface forces
between the semisubmersible platform and the WEC including horizontal contact forces and vertical
friction forces; and F'T9 represents the PTO force.

3. Characteristics of the Combined Structure

3.1. Design Parameters of the 5-MW Semisubmersible Wind Turbine and of the WEC

The combined model proposed in the present paper consists of a braceless 5-MW semisubmersible
wind turbine and a heave-type WEC. The conceptual model and the main design parameters of the
5-MW semisubmersible wind turbine and the WEC are shown in Figure 1 and Table 1, respectively.
In the model, the WEC can be moved up and down relative to the center column of the semisubmersible,
and the wave energy is produced by the PTO at the same time. The relative movement is constrained
by the mechanical connection between the center column and the WEC in a direction perpendicular to
the center column [25]. As a result, the utilization efficiency of marine renewable energy is improved
through shared power generation platforms and shared transmission systems, effectively reducing the
unit power generation cost [6,13]. For the numerical simulation, viscous forces of the columns of the
semisubmersible are considered as viscous drag loads using Morison equation in the horizontal direction.

Rotor

Tower

Side column \

WEC

Center column

/ Mooring line 1

N\, Water line
Braceless Semi
Mooring line3 /

Figure 1. Conceptual sketch of the combined structure.

Mooring line 2

N

Table 1. Main design parameters of the combined structure.

Parameters Values
Rotor-Nacelle-Assembly 350 t
Wind turbine (NREL 5 MW) Hub height 90 m
Tower mass 34746t
Semisubmersible mass 9738 t
Diameter of the central column 6.5m
semisubmersible platform Diameter of the three side columns 6.5m
Operating draft 30 m
Water displacement 10,298 m3
Water depth 200 m
Outer/Inner diameter 16 m/8 m
Height/Draft 8 m/3.5m
WEC device Mass 463.5t
Water displacement 452.2 m?
Center of mass 0,0, -1m)
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3.2. Power-Take-Off (PTO) System

The combined structure has been modeled as two rigid bodies consisting of a semisubmersible
platform and a WEC, which are connected by a PTO. The PTO has been simplified as a system of
heave-direction linear dampers (Bprp) and linear springs (Kprp) and is modeled with the use of
corresponding fender features in ANSYS/AQWA (Figure 2).

Central column %
PTO N

(B
Water line XEX | ® L_J P10

\ gu X 2% X Koro

AAAAA/

WEC

% Roller

Figure 2. Connection detail between the column of semisubmersible and the wave energy converter
(WEQ).

For the PTO system [9], the PTO force includes the linear damping force and the linear spring
force, which can be expressed as:

Fpro = Bpro - (X2 —x1) + Kpro - (x2 —x1) (22)

where Bprp and Kprp are the linear damping stiffness coefficient and the linear spring stiffness
coefficient, respectively.

Moreover, the produced power by the relative heave motion between the column of the
semisubmersible and the WEC is calculated as follows:

P =Bpro- (x2 —x71) - (x2 — x1) (23)
4. Results and Discussion
4.1. Model Parameters Best Selection

4.1.1. Preliminary Determination of Structural Design Parameters of the WEC

The modification of the structural parameters of the WEC will directly affect its hydrodynamic
performance, resulting in changes in the produced wave energy efficiency. By evaluating the motion
responses of the combined structure, a rational outer diameter and draft can be obtained.

Five different outer diameters of the WEC ranging from 12.0 m to 20.0 m are examined. To obtain
the best WEC in terms of PTO produced power, WEC’s cost and structure’s safety, some factors such
as gravity of the WEC and the horizontal contact forces between the column of the semisubmersible
and the WEC have been considered. The values of those parameters are calculated under a regular
wave with wave height 2 m and wave period 9 s. It is noted that wind loads are not considered here.
To reduce the cost and increase safety, the best selection of outer diameter of the WEC can be obtained
by Equation (24) and Figure 3. It is noted that we did not solve the mathematical optimization problem
in this paper. Based on the curves in Figure 3, a rational value of 16 m is selected for the rest of the
paper since all the curves are close to their peak for 16 m.

P
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where 0 reflects a performance indicator of the WEC; P, Fj, and G represent the PTO produced power,
horizontal contact force and WEC weight, respectively, and o and f are related to the cost and safety of
the WEC. With the comparison of different parameters with various groups (@« = 0.4, § =0.6; a = 0.3,
p=0.7;a=0.2,p=0.3),itis found that the best selection will be achieved when the outer diameter is
16 m. In this paper, we assume that cost reduction (related to f8) is more important and the safety is less
important (related to «) for the combined structure. Therefore, a« = 0.3, f = 0.7 is assumed in this study.

0.080

—a—( =0.4; B =0.6
- -0=03; B =07
--#- 0.=0.2; B =0.8

0.072 4

0.064

0.048 ‘. . i ‘e

10 12 14 16 18 20 22
Outer diameter (m)

Figure 3. O values for different outer diameters of the WEC.

Moreover, the effect of different drafts of the WEC on the responses of the semisubmersible are
presented in Figure 4 and are slightly different when the draft is 3.0 m and 3.5 m. However, considering
the possible slamming effects due to water entry and exit, which can destroy the WEC, choosing the
value of the draft (3.5 m) is more reasonable. Therefore, the selection of diameter 16 m and draft 3.5 m
is followed in the rest of the paper.
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Figure 4. Effects of the daft on the WEC: (a) semisubmersible surge; (b) semisubmersible pitch.
4.1.2. Determination of Rational Bpto and Kppp Parameters

Before determination of linear damping and stiffness coefficients, the effect of different wave
periods (Bpro = 2000 kNs/m, Kpro = 100 N/m was arbitrary selected) on the PTO produced power
has been investigated under regular waves with wave height 2 m. The values of produced power are
shown in Figure 5. It indicates that there is a maximum produced power when the wave period is
around 9 s because the WEC was designed to have a natural period in heave around 7-2 s.

The Bprp and Kprp parameters can significantly affect the dynamic responses of the combined
structure. To illustrate mutual effects of linear damping and stiffness coefficients on the PTO produced
power of the WEC, different Bprp and Kprp values are simulated with wave height 2 m and wave
period 9 s. The results of produced power are shown in Figure 6; it can be seen that the value of
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produced power will be the largest when the Bpro coefficient is 1500 kNs/m with an invariable Kprop.
The value of produced power increases when the Bprp is smaller than 1500 kNs/m, while the values will
decrease when the Bprp is larger than 1500 kNs/m. Moreover, for same Bprp values, produced power
decreases as Kprp increases, which is more significant when its value is over 1000 N/m. Therefore,
a best Bprp coefficient of 1500 kNs/m and a Kppp coefficient of 1 N/s are selected for the rest of the
paper, respectively.

250

Produced power (kVWW/m)

4 6 8 10 12 14 16 18
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Figure 5. Performance of the WEC with different wave periods.
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Figure 6. Mutual effect of different Kpro and Bprp values on the WEC performance.
4.2. Viscous Effects on the Heave Motion of the WEC

By ignoring viscous effects, the produced power may be overestimated when there is a large
relative motion between the semisubmersible and the WEC. The dynamic responses of the combined
structure with or without considering viscous effects have been presented for regular waves with
a wave height 2 m and a wave period 9 s. In Figure 7, the dynamic responses considering viscous
effects are smaller than those without considering them. The relative heave motion with viscous
effect has a peak value when wave period is 11 s, which is different from that without viscous effect.
However, the radiation force, PTO damping and produced power, a peak value exists when the period
is 9 s. Moreover, the ratio which can quantitatively describe viscous effects on the combined structure
between those responses (Equation (25)) always increases with increasing period.

e = % x 100% (25)

where ¢ is a ratio, and A and v represent the dynamic responses with and without viscous effects.
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Figure 7. Comparison of responses of the WEC with and without viscous effects: (a) relative heave;
(b) radiation force; (c¢) damping force; (d) produced power.

4.3. The Hydrodynamic Coupling Effect on the Combined Structure

In the flow field, in addition to the direct interaction between the semisubmersible and WEC,
there is also an interaction between the two bodies due to the radiation and diffraction effects of
the combined structure on the flow field. The radiation and diffraction potentials acting on the
semisubmersible and WEC can interact when considering hydrodynamic coupling [26,27], which is
proved by comparing diffraction forces and radiation forces of the semisubmersible and the WEC
with considering hydrodynamic coupling with those without considering hydrodynamic coupling
(Figure 8). It can be seen that the diffraction forces (Figure 8a) and radiation forces (Figure 8b)
acting on the semisubmersible have same trends for different wave periods when considering
hydrodynamic coupling. There is a little increase of the diffraction force and radiation force acted on the
semisubmersible considering hydrodynamic coupling. The largest difference for diffraction force and
radiation force is approximately 3.8% and 3.6% larger than those without considering hydrodynamic
coupling at wave period of 11 s. However, for WEC, the effects of the hydrodynamic coupling are
significant on the diffraction forces (Figure 8c) and radiation forces (Figure 8d). And the diffraction
force acted on the WEC considering hydrodynamic coupling is approximately 52.2% larger than that
without considering hydrodynamic coupling at the wave period of 8 s and the radiation force is 55.4%
larger than that without considering hydrodynamic coupling at the period of 11 s. Therefore, motion
and dynamic responses of the WEC should be put more emphasis compared with the semisubmersible
for the combined structure.

As hydrodynamic loads with considering hydrodynamic coupling are different from those without
considering hydrodynamic coupling the relevant responses of the combined structure with wave
height 2 m are presented and studied. The WEC surge motion (Figure 9a) and the relative heave
motion (Figure 9b) considering hydrodynamic coupling are not always larger compared to those
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without considering hydrodynamic coupling. Additionally, the amplitudes of the relative heave motion
(Figure 9b) and WEC pitch motion (Figure 9¢) have similar trends, but WEC pitch motion considering
hydrodynamic coupling is always larger than the case without considering hydrodynamic coupling.
Figure 9d shows the wave period considering hydrodynamic coupling (approximately 9 s) is larger
than that without considering hydrodynamic coupling (approximately 8 s). The largest produced
power considering hydrodynamic coupling is smaller than that without considering hydrodynamic
coupling. Same conclusions with PTO damping force (Figure 9e) are presented.
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Figure 8. Comparison of diffraction forces and radiation forces of the combined structure between
considering and without considering hydrodynamic coupling: (a) diffraction forces for semisubmersible;
(b) radiation forces for semisubmersible; (c) diffraction forces for WEC; (d) radiation forces for WEC.
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Figure 9. Comparison of responses of the combined structure between considering and without

considering hydrodynamic coupling cases under different wave periods (H = 2 m): (a) WEC surge;
(b) relative heave; (c) WEC pitch; (d) produced power; (e) damping force.

4.4. Dynamic Responses of the Combined Structure under Different Type Environmental Conditions

4.4.1. Regular Waves

Regular wave sea conditions with H =2 m and T = 9 s are simulated in the time domain (Figure 10)
without wind excitation loads [28]. In Figure 10a, the maximum relative heave velocity of the combined
structure is smaller than 0.375 m/s while the minimum absolute value is larger than 0.375 m/s, which
is an explanation why the peaks of produced power (Figure 10c) are not obtaining same values
(Equation (23)). In Figure 10b, the PTO damping force induced by fenders in AQWA mode is presented.
The phase of the forces is similar with relative heave, which means the damping forces are negative or
positive when the WEC is up or down. Moreover, the capture width ratio, which is used to evaluate
the WEC capability of absorbed wave power, is calculated by Equations (26) and (27) [29,30] as follows:

2
Pwave = ?%HZT (26)
P
= —LT9 % 100% 27)
PZUﬂUE

where Pyae and Ppro are the average wave power per unit width and average PTO produced power,
respectively, and ¢ denotes the capture width ratio.
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Figure 10. Time series of different responses of the combined structure under regular waves H =2 m
and T =9 s: (a) relative heave velocity; (b) damping force; (c) produced power.

To obtain the characteristics of the combined structure, the responses of the proposed combined
structure are compared with similar work done by Wan et al. [9], Gao el al. [31] and Ren et al. [32]
(Figure 11). Attention should be paid that in our work a semisubmersible platform is used while
a spar platform was used in Wan and Gao’s work and a tension leg platform (TLP) was used Ren’s
work. In Figure 11a,b, platform surge and WEC heave have similar tendency compared with Wan et
al.’s work. The wave energy capture width ratio is compared with STC [9,31] and [32] in Figure 11d.
The difference of the capture width ratio is caused by two reasons. The first one is the difference of PTO
damping and stiffness coefficient, which result in the difference for the best wave period and produced
power. The second reason is that the relative heave motions between the semisubmersible platform
and WEC are much less than those between the spar and the TLP platforms and their WECs. This is
caused by the heave motion difference of the spar, TLP and semisubmersible platforms. According to
Equation (23), produced power of the combined structure will be smaller compared with those power
produced by STC [9,31] and [32]. Special attention should be made that Wan's results are based on the
irregular wave case. It is stated that the comparisons are presented for having an idea about the well
comparable response of the combined structure proposed in the present paper.

Figure 12 shows that the amplitudes of the responses, such as the relative heave, semisubmersible
pitch, horizontal contact forces and PTO damping forces of the combined structure, almost linearly
increase with the wave height, while the amplitudes of semisubmersible surge and PTO produced
power have an approximately quadratic relationship with the wave height.
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Figure 12. Responses of the combined structure under different wave heights T =9 s: (a) semisubmersible
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4.4.2. Irregular Wave and Wind Conditions

The sea conditions of certain sea areas in Guangdong Province, China whose location of the
offshore wind farm is presented in Figure 13 have been selected, as shown in Table 2. In the paper,
the aerodynamic loads from wind flow are simplified as a mean constant thrust load based on NREL
5 MW wind turbine thrust force-wind speed curve (Figure 14). The JONSWAP spectrum is used
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to simulate the irregular wave in this section. Comparisons of the time series and power spectral
density (PSD) of motion and dynamic responses for LC1 (Hs =2 m, T, = 9 s) and LC2 (Hs; = 2 m,
Ty =9 s and Uyng = 17 m/s) are presented in Figures 15 and 16, respectively. Figure 15 shows that the
semisubmersible surge and pitch motions have big differences due to wind loads. However, the values
of the relative heave, PTO damping force and PTO produced power have slight differences.

Map of China

Yangjiang
v

.
Dongping Town

L]
Hailing Island

; Offshore
. wind farm

Figure 13. Location of the reference offshore site.

Table 2. Sea states of the reference sea areas in Guangdong Province, China.

Sea States ~ Wave Type Wave Height H; (m) Wave Period T, (s)  Wind Speed U, (m/s)

LC1 Irregular 2.0 9 0
LC2 Irregular 2.0 9 17
LC3 Irregular 3.0 10 24
LC4 Irregular 8.6 15 31.2
800
640 -
z
= 0
g
32 320
4
160 +
0 T T T T T T T T T
0 10 20 30 40 50

Wind speed (m/s)

Figure 14. Rotor thrust curves at different wind speeds.

The natural frequencies (surge, heave and pitch) of the semisubmersible could be identified
through free decay tests (Table 3). In Figure 16, PSD of motion and dynamic responses of the combined
structure under LC1 have same trends compared with those under LC2. In Figure 16a, a resonance is
around 0.073 rad/s, which is contributed by surge natural frequency. At this frequency, the surge motion
in LC2 is enlarged due to additional wind load compared with LC1, which can also be confirmed from
Figure 15a. The second peak (around 0.7 rad/s) in Figure 16a presents the contribution from the wave
frequency to the surge response. Figure 16c shows that the pitch motion response is dominant by
pitch resonance frequency (0.218 rad/s). Resonances from surge natural frequency (0.073 rad/s) and
wave frequency (0.7 rad/s) could also be identified from pitch motion response. For heave motion
in Figure 16b, the wave frequency response is dominated in the range between 0.500 rad/s to 0.800
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rad/s, in which WEC is designed to capture the energy from incident wave. For PTO damping force
(Figure 16d), the surge natural frequency and wave natural frequency could be clearly identified from

load responses.

Table 3. Natural frequencies (rad/s) of the semisubmersible.
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Figure 15. Comparisons of the time series of the responses for LC1 and LC2 of: (a) semisubmersible
surge; (b) relative heave; (c) semisubmersible pitch; (d) damping force; (e) produced power.
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Figure 16. Comparisons of the PSD of the motion and dynamic responses for LC1 and LC2:
(a) semisubmersible surge; (b) relative heave; (c) semisubmersible pitch; (d) horizontal contact
force; (e) damping force; (f) produced power; (g) mooring line 1 tension; (h) mooring line 2 tension.
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The statistical values of the motion and dynamic responses of the combined structure under LC3
are shown in Figure 17. In Figure 17a, we can see that the maximum surge is less than 3.5 m and
maximum pitch is less than 3.5 degrees. The maximum relative heave is larger than 1.25 m, while the
absolute value of the minimum relative heave is smaller than 1.25 m, which may be caused by the lift
effect induced by strong wave action [22]. Compared with LC1, it finds that large mean value of surge
and pitch motion are caused by wind loads and positive surge and pitch moment presents in LC3.
Figure 17b shows that the horizontal contact force between the semisubmersible and the WEC is larger
than the wave force acting on the WEC due to the relative acceleration of the two bodies. The mooring
line 1 tension force is larger than that of mooring line 2 because the drift of the combined structure in
downwind direction due to the wind load. The mean PTO produced power is around 50 kW with
maximum power around 1245 kW under LC3.
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Figure 17. Statistical values of the responses for LC3: (a) statistic of information for semisubmersible
surge, relative heave and pitch; (b) statistic of information for semisubmersible wave force, WEC wave
force, horizontal contact force, damping force, produced power, mooring line 1 tension and mooring
line 2 tension.

Moreover, in Figure 18, PSD of motion responses (surge, relative heave and pitch) and dynamic
responses (horizontal contact force, PTO damping force, mooring line 1 tension and mooring line
2 tension) of the combined structure with considering hydrodynamic coupling have similar trend
compared with those without considering hydrodynamic coupling. For surge motion (Figure 18a),
the surge resonant motion is dominant at 0.073 rad/s, which is the surge natural frequency, followed by
the wave frequency response in the range 0.400 rad/s to 0.800 rad/s. A large decrease of the response
at the surge frequency exhibits if the hydrodynamic coupling is considered. Similar as LC1 and LC2
(Figure 16b), the most significant contribution to the relative heave motion comes from the wave
frequency (Figure 18b). Considering hydrodynamic coupling will give a small increase in heave motion
response near wave frequency, which is similar as in surge motion response. This enhancement of
the surge and pitch responses near wave frequency can also be identified with wave period of 10 s in
Figure 9a,b. For pitch motion (Figure 18c), the wave frequency response and pitch resonant response
are very comparable, meanwhile, surge resonance response also visible in this motion. The pitch
response considering hydrodynamic coupling at the surge natural frequency and wave frequency is
larger than that without considering hydrodynamic coupling, opposite influence can be identified
at pitch natural frequency. Figure 18d,e shows that the wave frequency responses are also dominant
in the same range for horizontal contact force and damping force and the hydrodynamic coupling
will contribute the increase of the response in the wave frequency range. For mooring line tension
force (Figure 18g,h), PSD of mooring line 1 tension with surge resonance frequency occupy a dominant
position compared with the value of mooring line 2 tension. Due to the hydrodynamic coupling effect,
both responses of mooring line 1 and line 2 reduce at the surge.
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Figure 18. Power spectral density (PSD) of motion and dynamic responses for LC3: (a) semisubmersible

surge; (b) relative heave; (c) semisubmersible pitch; (d) horizontal contact force; (e) damping force;
(f) produced power; (g) mooring line 1 tension; (h) mooring line 2 tension.
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4.5. Dynamic Responses of the Combined Structure in Extreme Sea Conditions

For the LC4 with extreme sea conditions (wave height 8.6 m, wave period 15 s and wind speed of
31.2 m/s), the PTO system is released, the wind turbine is parked, and the WEC is locked mechanically
to the semisubmersible at the mean sea level as a survival mode. In this case, the two bodies are locked
and can move together, which can be confirmed from the relative heave motion between WEC and
semisubmersible in Figure 19. The statistical value from LC4 (mean, maxi mum, minimum and STD)
are presented in Figure 20. In this load case, maximum heave motion of the combined structure is
approximate 6 m (Figure 20a), in which WEC may bear huge loads due to slamming forces. The mean
surge and pitch responses of the combined structure in LC4 is much less than those responses in LC3
(Figure 17a). Particularly, the maximum and minimum pitch response is much less than those values
in LC3 for operating conditions because the thrust load in LC4 is much smaller than the thrust load in
LC3 (Figure 14). Figure 20b shows that the maximum wave force of the combined structure is smaller
than the vertical contact force between the semisubmersible column and the WEC, while the horizontal
contact force is far smaller than the wave force and vertical contact force, which proves the locked
mode of the combined structure results to a reasonable response.
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Figure 19. Relative heave of the combined structure under the locked mode.
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Figure 20. Statistical values of the responses for the extreme sea state LC4: (a) statistic of information
for semisubmersible surge, heave and pitch; (b) statistic of information for wave force of the combined
structure, horizontal contact force, vertical contact force, mooring line 1 tension and mooring line
2 tension.

Figure 21 presents the PSD of the motion response and mooring line forces of the combined
structure and pure semisubmersible platform under the extreme sea condition LC4. PSD of surge
of the combined structure have same trends compared with pure semisubmersible platform and the
response is dominant by the wave frequency (Figure 21a). For heave motion (Figure 21b), the response
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of pure semisubmersible is dominated by the wave frequency. However, for the combined structure,
the response around the frequency of 0.35 rad/s is significantly larger because this frequency is the heave
natural frequency of the combined structure and is near to the range of wave frequency. The shifting of
the heave natural frequency of the combined structure from the pure semisubmersible (0.254 rad/s) is
due to the attachment of the WEC to the semisubmersible. The surge resonant motion of the combined
structure (Figure 21c) is dominant at 0.21 rad/s, which is the pitch natural frequency, followed by the
wave frequency response. But the surge motion of the pure semisubmersible is dominated by the
wave frequency response. Figure 21d,e shows that PSD of mooring line 1 tension and mooring line 2
tension of the combined structure are not always identical with only pure semisubmersible platform in
high peak frequency region, which is caused by the coupling effect of heave resonance and incident
wave for the combined structure. The most significant contribution to the mooring line 1 tension
for both the combined structure and the semisubmersible platform comes from the wave frequency
range. A clear peak response from the heave natural frequency for the combined structure could be
identified for mooring line 1 tension. For mooring line 2 (Figure 21e), the most significant contribution
to the mooring line tension for the pure semisubmersible comes from the wave frequency range from
0.300 rad/s to 0.600 rad/s, while the low-frequency response does not contribute significantly to the
total response. However, for the combined structure, the heave resonance response at approximately
0.35 rad/s dominates the total response for mooring line 2.
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Figure 21. Cont.
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Figure 21. PSD of motion responses for the extreme sea state LC4: (a) surge; (b) heave; (c) pitch;
(d) mooring line 1 tension; (e) mooring line 2 tension.

5. Conclusions

In this paper, a combined marine renewable energy structure consisting of a 5-MW braceless
floating wind turbine and a heave-type wave energy converter (WEC) is presented. A numerical
model of the combined structure that is capable of simulating its motion and dynamic responses under
different sea states was developed and used. Different types of analysis have been performed for
examining the hydrodynamic response of the combined structure. The main results are summarized
as follows:

The outer diameter of the WEC is selected to be 16 m, in term of its economy, safety and PTO
produced power. In order to avoid the slamming phenomena of the WEC as far as possible motion
response, the draft of the WEC with 3.5 m is selected.

The Kpro parameter has a significant impact on the performance of the WEC when its value is
over 1000 N/m. A preliminary best value of the Bprp parameter for the PTO of the combined structure
is selected to be 1500 kNs/m with the perspective of PTO produced power.

The trends of hydrodynamic loads of the WEC with considering hydrodynamic coupling will
change compared to those without considering hydrodynamic coupling, but responses of the combined
structure have the same trends. The viscosity of the heave of the WEC will have an influence on the
PTO produced power and dynamic responses of the combined structure.

Under regular waves, the amplitudes of the responses, such as the relative heave, semisubmersible
pitch, horizontal contact force and PTO damping force of the combined structure, have an almost linear
relationship with the wave height, while the amplitudes of WEC surge and PTO produced power have
an almost quadratic relationship.

Under irregular waves, the surge and pitch of the semisubmersible with considering constant
thrust wind have great effects compared to those without considering constant thrust wind, but there
are slight effects for relative heave, damping force and produced power of the combined structure.
Moreover, the maximum relative heave of the combined structure is larger than the absolute value
of the minimum relative heave, and the wave forces acting on the WEC can be transferred to the
semisubmersible by means of their contacted fenders. The PSD of motion responses and dynamic
responses of the combined structure with considering hydrodynamic coupling have similar trends
compared with those without considering hydrodynamic coupling.

Under the extreme sea conditions, the WEC was mechanically locked to the semisubmersible
platform to withstand the large impact force on WEC as a survival mode. Heave natural frequency
shifting could be identified and may coincide with wave frequency. The resonance in heave motion
and mooring line 2 tension could be identified near the heave natural frequency. Other survival models
should be proposed and investigated in future work. Experiments and validation for this integrated
structure will also be carried out in the future.

205



J. Mar. Sci. Eng. 2020, 8, 253

Author Contributions: Conceptualization, W.S., L.Z., CM. and L.W.; methodology, W.S., CM. and LW,
investigation, YW., L.Z., W.S. and C.M.; writing—first draft preparation, YW., L.Z., W.S. and C.M.; review and
editing, W.S., C.M. and L.W,; supervision, W.S. and C.M.; project administration, W.S.; funding acquisition, W.S.
All authors have read and agreed to the published version of the manuscript.

Funding: This research was funded by the National Natural Science Foundation of China (Grant No. 51709039).
This work is also supported by the international collaboration and exchange program from the NSFC-RCUK/EPSRC
with grant No. 51761135011. This work is also partially supported by LiaoNing Revitalization Talents Program
(XLYC1807208), State Key Laboratory of Hydraulic Engineering Simulation and Safety, Tianjin University and the
Fundamental Research Funds for the Central University (DUT19GJ209).

Acknowledgments: The authors would like to thank the Nianxin Ren from Hainan University for his valuable
discussion of simulation in AQWA software.

Conflicts of Interest: The authors declare no conflict of interest.

References

1.

10.

11.

12.

13.

14.

15.

16.

European Wind Energy Association. Offshore Wind in Europe Key Trends and Statistics 2019; Wind Europe:
Brussels, Belgium, 2020.

Cai, S.K. Grid parity speeds up the development of offshore wind power industry—the practitioner mission
of offshore wind power in the next five years. South Energy Constr. 2019, 2, 7-15.

Marina Platform. Available online: https://www.msp-platform.eu/projects/marina-platform (accessed on
3 April 2020).

Peiffer, A.; Roddier, D.; Aubault, A. Design of a point absorber inside the WindFloat structure. In Proceedings
of the 30th International Conference on Ocean, Offshore and Arctic Engineering (OMAE), Rotterdam,
The Netherlands, 19-24 June 2011.

Aubault, A.; Alves, M.; Sarmento, A.; Roddier, D.; Peiffer, A. Modeling of an oscillating water column on the
floating foundation WindFloat. In Proceedings of the 30th International Conference on Ocean, Offshore and
Arctic Engineering (OMAE), Rotterdam, The Netherlands, 19-24 June 2011.

Muliawan, M.J.; Karimirad, M.; Moan, T. Dynamic response and power performance of a combined spar-type
floating wind turbine and coaxial floating wave energy converter. Renew. Energy 2013, 50, 47-57. [CrossRef]
Muliawan, M.].; Karimirad, M.; Gao, Z.; Moan, T. Extreme responses of a combined spar-type floating wind
turbine and floating wave energy converter (STC) system with survival modes. Ocean Eng. 2013, 65, 71-82.
[CrossRef]

Wan, L.; Gao, Z.; Moan, T. Experimental and numerical study of hydrodynamic responses on a combined
wind and wave concept in survival modes. Coast. Eng. 2015, 104, 151-169. [CrossRef]

Wan, L.; Gao, Z.; Moan, T.; Lugni, C. Experimental and numerical comparisons of a combined wind and
wave energy converter concept under operational conditions. Renew. Energy 2016, 93, 87-100. [CrossRef]
Wan, L.; Gao, Z.; Moan, T.; Lugni, C. Comparative experimental study of the survivability of a combined
wind and wave energy converter in two testing facilities. Ocean Eng. 2016, 111, 82-94. [CrossRef]
Michailides, C.; Gao, Z.; Moan, T. Experimental study of the functionality of a semisubmersible wind turbine
combined with flap-type Wave Energy Converters. Renew. Energy 2016, 93, 675-690. [CrossRef]
Michailides, C.; Gao, Z.; Moan, T. Experimental and numerical study of the response of the offshore combined
wind/wave energy concept SFC in extreme environmental conditions. Mar. Struct. 2016, 50, 35-54. [CrossRef]
Michailides, C.; Luan, C.Y.; Gao, Z.; Moan, T. Effect of flap type wave energy converters on the response
of a semi-submersible wind turbine in operational conditions. In Proceedings of the ASME 2014 33rd
International Conference on Ocean, Offshore and Arctic Engineering (OMAE), San Francisco, CA, USA,
8-13 June 2014.

Ren, N.X.; Ma, Z.; Fan, T.H.; Zhai, G.J.; Ou, ].P. Experimental and numerical study of hydrodynamic responses
of anew combined monopile wind turbine and a heave-type wave energy converter under typical operational
conditions. Ocean Eng. 2018, 159, 1-8. [CrossRef]

Luan, C,; Gao, Z.; Moan, T. Design and analysis of a braceless steel 5-MW semi-submersible wind turbine.
In Proceedings of the ASME 2016 35st International Conference on Ocean, Offshore and Arctic Engineering
(OMAE 2016), Busan, Korea, 19-24 June 2016.

Yang, S.H.; Wang, Y.Q.; He, H.Z.; Zhang, J.; Chen, H. Dynamic properties and energy conversion efficiency
of a floating multi-body wave energy converter. China Ocean Eng. 2018, 32, 347-357. [CrossRef]

206



J. Mar. Sci. Eng. 2020, 8, 253

17.

18.

19.

20.

21.

22.

23.

24.

25.

26.

27.

28.

29.

30.
31.

32.

Wavebob. Available online: http://www.wavebob.com (accessed on 3 April 2020).

ANSYS, AW, Inc. AQWA Manual Release 15.0; ANSYS A.W., Inc.: Canonsburg, PA, USA, 2013.

Li, Y.C; Teng, B. The Effect of Waves on Marine Buildings, 3rd ed.; Ocean Publication: Beijing, China, 2015;
pp- 270-273.

Van Rijn, L.C. Principles of Fluid Flow and Surface Waves in Rivers, Estuaries, Seas and Oceans, 3rd ed.; Aqua
Publications: Amsterdam, The Netherlands, 1990.

Morison, J.R.; Johnson, ].W.; Schaaf, S.A. The force exerted by surface waves on piles. . Pet. Technol. 1950, 2,
149-154. [CrossRef]

Gao, W.; Dong, L.; Huang, J. ANSYS AQWA Software Introduction and Improvement, 1st ed.; China Water
Resources and Hydropower Press: Beijing, China, 2018.

Cao, H,; Tang, Y.G.; Tao, H.C.; Qin, Y. Design and frequency domain analysis of semi-submersible floating
foundation for offshore wind turbine. Ocean Eng. 2013, 31, 61-67.

Bai, J.; Li, Y,; Qu, Z.S.; Tang, Y.G. Optimization design of heave suppression structure for new cylindrical
FPSO. Ocean Eng. 2020, 38, 20-29.

Wang, Y.P,; Shi, W.; Zhang, L.X.; Michailides, C.; Zhou, L. Hydrodynamic analysis of a floating hybrid
renewable energy system. In Proceedings of the 30th International Society of Offshore and Polar Engineers,
Shanghai, China, 14-19 June 2020.

Fang, M.C,; Kim, C.H. Hydrodynamically coupled motions of two ships advancing in oblique waves. J. Ship
Res. 1986, 30, 159-171.

Oortmerssen, G.V. Hydrodynamic interaction between two structures, floating in waves. In Proceedings of
the 2nd International Conference on Behaviour of Offshore Structures, BOSS’79, London, UK, 28-31 August
1979.

Zhao, Z.X.; Li, X.; Wang, W.H.; Shi, W. Analysis of dynamic characteristics of an ultra-large semi-submersible
floating wind turbine. Mar. Sci. Eng. 2019, 7, 169. [CrossRef]

Tom, N.M. Design and Control of a Floating Wave-Energy Converter Utilizing a Permanent Magnet linear
Generator. Ph.D. Thesis, UC Berkeley, Berkeley, CA, USA, 2013.

Falnes, J. A review of wave-energy extraction. Mar. Struct. 2007, 20, 185-201. [CrossRef]

Gao, Z.; Moan, T.; Wan, L.; Michailides, C. Comparative numerical and experimental study of two combined
wind and wave energy concepts. J. Ocean Eng. Sci. 2016, 1, 36-51. [CrossRef]

Ren, N.X,; Zhu, Y.;; Ma, Z.; Wu, H.B. Comparative study of hydrodynamic responses of two combined wind
turbine and wave energy converter systems under typical operational sea cases. In Proceedings of the 37th
International Conference on Ocean, Offshore and Arctic Engineering (OMAE), Madrid, Spain, 17-22 June
2018.

® © 2020 by the authors. Licensee MDP]I, Basel, Switzerland. This article is an open access
@ article distributed under the terms and conditions of the Creative Commons Attribution

(CC BY) license (http://creativecommons.org/licenses/by/4.0/).

207



Journal of

Marine Science K\
and Engineering M D\Py

Article

Local Enhancements of the Mean Drift Wave Force on
a Vertical Column Shielded by an Exterior Thin
Porous Shell

Peiwen Cong ! and Yingyi Liu >*

1 State Key Laboratory of Coastal and Offshore Engineering, Dalian University of Technology, Dalian 116024,

China; pwcong@dlut.edu.cn
Research Institute for Applied Mechanics, Kyushu University, Fukuoka 8168580, Japan
Correspondence: liuyingyi@riam. kyushu-u.ac.jp

2

*

Received: 12 April 2020; Accepted: 12 May 2020; Published: 14 May 2020

Abstract: The wave interaction with a vertical column shielded by an exterior porous shell is
studied within the framework of potential flow theory. The structures are fixed rigidly at the sea
bottom. The interior cylinder is impermeable, and the exterior shell is slightly porous and thin.
Additionally, the exterior shell is assumed to have fine pores, and a linear pressure drop is adopted
at the porous geometry. The mean drift wave force on the system is thereby formulated by two
alternative ways, based respectively on the direct pressure integration, i.e., the near-field formulation,
and the application of the momentum conservation theorem in the fluid domain, i.e., the far-field
formulation. The consistency of the two formulations in calculating the mean drift wave force is
assessed for the present problem. Numerical results illustrate that the existence of the porous shell
can substantially reduce the mean drift wave force on the interior column. It also appears that the
far-field formulation consists of a conventional part as well as an additional part caused by the energy
dissipation through the porous geometry. The mean drift wave force on the system is dominated by
the first part, which resembles that on an impermeable body. Local enhancements of the mean drift
wave force are found at some specific wave frequencies at which certain propagation modes of the
fluid satisfy a no-flow condition at the porous shell.

Keywords: concentric cylinders; porous structure; thin shell; linear resistance; mean drift wave force

1. Introduction

A geometry with slots or pores can be used to enhance energy dissipation and in turn reduce the
environmental impact. Currently, porous structures have been widely constructed in the coastal and
offshore industries for the purpose of shore production or reduction of the wave forces. To achieve
a good understanding of the hydrodynamic properties related to porous structures, the behavior of
a porous body in waves has attracted considerable interest among researchers.

So far, various studies have been conducted on this subject due to its importance in practical
engineering. The porous elements are included in many offshore structures, such as fish cages,
wave breakwaters, and offshore platforms equipped with damping devices. The porous geometry was
commonly assumed to be with fine pores and thin in thickness. A linear or quadratic resistance law
was used to relate the pressure drop to the crossflow velocity. Linear relations between the pressure
drop across the porous geometry and the traversing velocity were derived by researchers, e.g., by using
Darcy’s law [1] or by using the convection neglected and porous effect modelled Euler equation [2].
The linear laws were adopted in many studies in assessing the functional performance of porous
breakwaters of different types, such as vertical or submerged horizontal porous plates, perforated
caissons, and porous columns [3-8]. Based on a linear resistance law, Zhao et al. [9] examined the
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various hydrodynamic identities for porous structures. In addition, Dokken et al. [10] formulated the
wave diffraction/radiation problem of a porous geometry of an arbitrary shape by a set of integral
equations. On the other hand, to model the flow separation through porous materials, quadratic laws
were proposed in some studies, such as Molin [11] and An and Faltinsen [12]. The quadratic pressure
drops were considered by researchers in prediction of the added mass and the damping coefficients for
a porous stabilizer, plate, or disc undergoing forced motions as well as the wave force on thin porous
sheets. Examples include Molin and Remy [13] and Mackay et al. [14].

The application of a porous material can lead to a low level of wave transmission and reflection.
In the meantime, it can also reduce the wave impact on the enclosed structure. A vertical column has
been an essential component of various offshore structures. Previous studies indicated that the linear
wave force on an impermeable column can be reduced significantly by surrounding it with porous
geometries (see Wang and Ren [15] for example). Besides the linear wave force, the nonlinear wave
force is also closely relevant to the proper design of offshore structures. The nonlinear hydrodynamic
properties related to a vertical column or a column array in open seas has been investigated in
some studies spanning from analytical studies to model tests and numerical modelling, such as
references [16-20]. However, the nonlinear wave interaction with a vertical column shielded by
an exterior porous shell has been rarely investigated so far. The present study intends to contribute in
this direction.

In this study, the mean drift wave force, which is of the second order from the perspective
of the wave steepness, on a system consisting of an interior impermeable cylinder and an exterior
porous shell is investigated. Definition of the concentric porous cylinder system is given in Figure 1.
The potential flow theory is adopted, and a linear resistance law is assumed at the porous shell.
Within the framework of the potential flow theory, a non-linear analysis can be achieved by applying
a perturbation procedure, in which the velocity potential, wave force, and other physical quantities of
interest are expressed in linear and higher-order components through some small parameters, and the
wave steepness is normally used as the perturbation parameter. Based on the idea of the perturbation
expansion, the mean drift wave force normally represents a time-independent force component which
is proportional to the square of the wave steepness. In this study, semi-analytical solutions to the
mean drift wave force on the system shown in Figure 1 are developed by two alternative ways. One is
based on the direct pressure integration, while the other is based on the application of the momentum
conservation theorem in the fluid domain. Unfortunately, solutions to the mean drift wave force on
a vertical column shielded by an exterior porous shell have been rarely developed in the previous
studies, and the research achievement in this study can help fill this gap. Based on the developed
solutions, detailed numerical studies are performed. The effect of the exterior porous shell on the mean
drift wave force on the interior column is examined, and the characteristics of the mean drift wave
force on such a system are explored.

Following the introduction, the mathematical model and the solution of the velocity potential
are introduced in Section 2, followed by a calculation of the mean drift wave force in Section 3.
The parametric study is carried out thereafter in Section 4, with conclusions drawn in Section 5.
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Free surface

Ingident waves

Figure 1. Definition sketch for a concentric porous cylinder system.

2. Mathematical Model and Solutions to the Velocity Potential

Let us consider a bottom-mounted, surface-piercing, and impermeable cylinder of radius a situated
in a water of a finite depth d. This cylinder is surrounded by an exterior cylindrical shell of radius b.
Both of them are fixed rigidly at the horizontal sea bottom. The exterior shell is porous and considered
to be thin in thickness. As shown in Figure 1, a cylindrical coordinate system is employed with its
origin located at the center of the interior cylinder and at the still free surface. The z-axis directs
vertically upward and coincides with the vertical axis of the cylinders.

Within the framework of the potential flow theory, the flow is assumed to be inviscid,
incompressible and irrotational. Thus, the flow field can be described by a scalar velocity potential ®,
satisfying Laplace’s equation,

V2D(x, t) = 0. (1)

Regular incident waves are concerned in this study. The incident wave is time-harmonic with
an angular frequency w. Then, the time factor can be separated out, and the velocity potential is
expressed as

d(x, t) = Re[qﬁ(r, 0, z)e_i“’t], ()

where “Re” denotes the real part of a complex expression; i = V1.

The entire fluid domain is then divided into two sub-domains: the interior region ()1 (2 < r <)),
and the exterior region (), (r > b). Hereinafter, the velocity potentials in the interior and exterior
regions are denoted by ¢ and ¢,, respectively. Besides Laplace’s equation, appropriate boundary
conditions on the free surface and the seabed are also required, given by

00 .
a .
%:0, onz=-d, j=1,2, (4)

where g is the acceleration due to gravity.

The fine-pore assumption is adopted, and a linear pressure drop assumption (see references [1,2]
for example) is applied as in many previous studies. Then, the boundary condition on the porous shell
can be expressed as

dpy  dpy . _ - 5
W—a_—lkGO((Pl (]‘[)2), OI‘IT’—b, ( )

T

where k is the wave number satisfying the dispersion relation w? = gktanhkd. G is a linearized porous
effect parameter. On the surface of the interior impermeable cylinder, it is required that

%:0, onr =a. (6)
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A train of incident waves, of an amplitude A and an angular frequency w, propagates in the
direction of the positive x-axis to encounter the system. The incident velocity potential is then
expressed as

iA v :
o= -"27(kz) Y, Jukn)ime™e, (7)

[
Mm=—00

in which [y, (kr) stands for the Bessel function of order m; Z(kz) is an orthonormal function given at the

interval [-d, 0] and defined by

coshk(z+d)
cosh kd ®

The presence of the system can result in diffraction of the incident waves in the exterior region.
Then, the velocity potential in the exterior region can be decomposed as

Z(kz) =

$2 =1+ b, )

in which ¢p denotes the diffraction potential in the exterior region. In addition to the boundary
conditions in Equations (3), (4), and (5), ¢p also needs to satisfy the Sommerfeld radiation condition in

the far field. That is,

lim \/?(a%’j - ikqu) =0. (10

r—0o0

The solution of the velocity potential is then obtained following the way shown in [15].
The separation of variables method is used, and the expressions of ¢; and ¢, can be written as

+o0
¢1(r, 0, z) = Z Ry, 1 (r)Z(kz)e™?; (11a)
40 ]
$a(r, 0,2) = @u(r, 0, 2) + ¢p(r, 0,2) = Y| Ry m(r)Z(kz)e™, (11b)
in which "
R, (1) = =288y (k) + Coul (k) ) (12a)
Ro, ) = =28 (1, (k) + AnHin (k7). (120)

In Equation (12), Ay, By and C,, are unknown coefficients; H,,(kr) is the Hankel function of the
first kind of order m. The velocity potential given in Equation (11) satisfies Laplace’s equation and
Equations (3) and (4). The unknown coefficients in these expressions can be determined by imposing
the boundary condition at r = a and r = b (see Equations (5) and (6)). Then, A, By, and C;;, are derived as

Pn] (k) +2Go]’yy(ka)

An = _ﬁmH'm(kb) + ZGOH’m(ka)' (13a)
B 2GoH’ 1 (ka) ‘
o= BnH' i (kb) +2GoH’ 1 (ka)” (13b)
- 2Go]’ yu(ka)
Cn= BimH’ m (kb) + 2GoH’ y,(ka)” (13c)
in which
B = TkB]’  (kb)H i (ka) = ]/ (ka) H' (kD). a8

In Equations (13) and (14), the prime appearing in the superscript denotes the derivative with
respect to the argument.
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3. Calculation of the Mean Drift Wave Force Based on Direct Pressure Integration

Based on the derived velocity potential, various quantities of engineering interest can be
determined. The mean drift wave force can be computed from the quadratic products of the quantities
derived from the linear wave theory. The calculation of the mean drift wave force based on the
direct pressure integration, i.e., the near-field formulation, is quite straightforward. Referring to the
well-established second-order theory, the mean drift wave fore on the interior column, fc(z)_, can be
determined according to

1 =G I Vo Veinse+ B = G odina as)

c

In Equation (15), S¢ stands for the undisturbed wetted surface of the column; I'; denotes the
intersection of S with mean free surface (z = 0); n = (1, ny,, 1,)T is the normal vector on the boundary
surface which is positive when pointing out of the fluid domain. The analysis of the mean drift force
on a porous geometry is similar to that of an impermeable one. This was done by some researchers,
such as the authors of references [9,10]. As for the present system, the mean drift wave force on the
porous shell, fs(z)_, is due to the difference between the fluid pressure on its outer and inner surfaces.
Then, we have

_ CL)2
A= —g [ Vo - Voymds + [[ Vo - Veymads | + i—g 95 B mdl + 56 Gaymadl |, (16)
d 5 Iy T

in which an asterisk in the superscript represents the complex conjugate; S,” and S; represent the outer
and inner undisturbed wetted surfaces of the porous shell; I';” and Ty stands for the intersection of S;-
and S; with the mean free surface (z = 0). For vertically axisymmetric bodies, the surface integrals in
Equations (15) and (16) can be simplified by integrating in 6 and applying the orthogonality. Making
use of Equations (5), (6), and (11), we can have

(2)- _ pna { Z Ry, m(@)R; . 4 (a )[%m(m+1)—k2]N(kd)}, (17)
and
_ N 1
27 = ERe { Y [Ro, w(0)RG, yyr (0) =Ry, w(D)R], mH(b)][b—zm(m—i—l)—kZ]N(kd)}. (18)
In Equations (17) and (18), N(kd) is defined by
0
B 21 dfsinh2kd
N(kd) —_[[Z(kz)] dz = coshzkdz( i +1). (19)

Then, the total mean drift wave force on the system, f(2)~, can be expressed as a sum of fc(z)_ and fs(z)_,
ie.,

fO =27y g (20)
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4. Calculation of the Mean Drift Wave Force Based on the Application of the Momentum
Conservation Theorem

Besides the approach of direct pressure integration, the mean drift wave force can also be obtained
by applying the momentum conservation theorem in the entire fluid domain, namely the far-field
formulation. By using the kinematic transport theorem and Gauss’ theorem, the total linear momentum
along the direction of wave propagation can be expressed as

—_—=- ff [Pny + pu(u-n—Uy,)]ds, (21)
SbUSmUSdUSf

in which M is the momentum; P is the fluid pressure; Sy, represents a summation of the wetted
surface of the column as well as the inner and outer wetted surface of the porous shell, respectively,
ie., Sy, =Sc+ S +S;; Se is a circular cylindrical control surface at a large distance from the system;
Sy and S, represent the overall free surface and the overall sea bed in the entire fluid domain,
respectively; u = V¢ = (u, v, w)! is the vector of the fluid particle velocity; U, denotes the normal
velocity of the boundary surface. On Sf and Sy, it is required that u-n — U, = 0. In addition, the entire
system and the control surface at infinity are fixed, yielding U, = 0 on S; and Se. On 54, we have
ny = 0. In the meantime, on the free surface, the fluid pressure P is equivalent to the atmospheric
pressure which is assumed zero. Then, based on Equation (21), the wave force on the system, F, can be
related to the total linear momentum in the fluid domain. That is,

F= ff Pryds = —ff pu(u-n)ds — ff[an + pu(u-n)lds — dgj (22)
Sp Sp Seo

When the time average is taken, and the periodicity is invoked, the last term on the right-hand
side of Equation (22) gives no contribution. Then, the mean drift wave force on the system is

f(z)— — f}z)_ +f,§2)_, (23)
in which
f;z)_ = —fj[an + pu(u-n)|ds; (24a)
SDO
éz)— =- jj pu(u-n)ds. (24b)
S$+8;

In Equation (24), an over bar indicates averaging over a wave period. In the far field, using
asymptotic expressions for Hankel functions, the diffraction potential for large r can be expressed in
an asymptotic form. Then, we have

. X i N X
gbz:_l/%g[ezkrcose_‘_ 2Lkrez(kr—z) Y Amel’”e]Z(kz), asr — +oo, (25)
Mm=—o00
in which
Ap = i"Ape” T (26)

Inserting Equation (25) into Equation (24a) and applying the stationary phase method to the
double integral, Equation (24a) can be rewritten as

2 . +o0
2)- _ P8A” 2kd + sinh2kd §
f = T smhoka R© Z 2oAnA;, 1+ A)]. (27)
Mm—=—00
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Combining Equations (5), (6), and (11), Equation (24b) can be rewritten as

“+o00
£ = gRe{N(kd)inkGo Y lem+ 1)6:néer1]}r (28)
m=—oo
in which
2Ag im,Bm

S = R1, m(b) = Ra, m(b) = (29)

kb BmH’ 1w (kb) + 2GoH’ y (ka)
From the derivation of Equations (23), (27), and (28), it is noted that when a vertical column is
shielded by an exterior porous shell, the far-field formulation consists of a conventional part similar to

that on an impermeable body;, i.e., f}2)_, as well as an additional part caused by the energy dissipation

through the external porous shell, i.e., f,sz)_.

In this section, solutions to the mean drift wave force on the system are derived by applying the
momentum conservation theorem in the entire fluid domain. Actually, if the momentum conservation
theorem is applied in a finite fluid domain surrounding the structure, solutions can also be derived.
Then, the quantities on a control surface, which is a distance away from the structure, are involved
in the calculation. The derivation of the semi-analytical solutions to the mean drift wave force on
structures using control surfaces can be found in some previous studies, such as Cong et al. [21].

5. Numerical Results and Discussion

In the previous sections, two different formulations have been proposed for the mean drift
wave force on a concentric porous cylinder system. When the near-field formulation is used,
the mean drift wave force on the interior column and the exterior shell can be evaluated based
on Equations (17) and (18), respectively. The force components involved in the far field formulation
can be evaluated according to Equations (27) and (28), respectively. Hereinafter, the factor pgaAA*
is introduced for the normalization, and the symbols f, f;, ff‘, fr and f~ are used to denote the
normalized mean drift wave force. The convergence of the wave force based on the two proposed
formulations both depends on the number of Fourier modes. In the numerical algorithm, in total, 2M + 1
Fourier modes (from the order (—M) to the order M) have been included. To examine the convergence
of the present solution with respect to M, calculations are performed for the case of b =24, d = 3a and G
= 0.1. Tables 1 and 2 list the normalized mean drift wave force on the interior column, i.e., f;, and the
exterior porous shell, i.e., f;7, as a function of M for a set of wave frequencies. The variation of ff_ and
fir » which are the force components involved in the far-field formulation, with respect to M are given in
Tables 3 and 4. In these tables, “NF” and “FF” refer to the results evaluated according to the near-field
and the far-field formulations, respectively. Moreover, the term ka represents the product by the wave
number k and the radius 4. In addition, in the tables, positive and negative signs mean that the mean
drift wave force is along the positive and negative x-directions, respectively. Inspecting the results listed
in these tables, it appears that the two models both possess good convergence characteristics. Thirty-one
Fourier modes (M = 15) is sufficient to achieve a convergent result, and therefore, M = 15 is adopted
in the subsequent computations. Meanwhile, in order to confirm the validity of the present solution,
a comparison between the results based on the two formulations is made (see Table 5). Comparison
confirms the good agreement between the convergent results based on the two formulations.
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Table 1. Variation of the normalized mean drift wave force on the interior column, f-, with respect to
M (d =3a,b=2a,and Gy = 0.1).

ka= 1.0 1.5 2.0 2.5 3.0
M = NF NF NF NF NF
5 0.294 x 1071 0.214 x 1071 0.291 x 1071 0.218 x 1071 0.554 x 1071
10 0.294 x 1071 0.214 x 1071 0.291 x 1071 0.225 x 1071 0.585 x 1071
15 0.294 x 1071 0.214 x 1071 0.291 x 1071 0.225 x 1071 0.585 x 1071
20 0.294 x 1071 0.214 x 1071 0.291 x 1071 0.225 x 1071 0.585 x 1071
30 0.294 x 1071 0.214 x 1071 0.291 x 1071 0.225 x 1071 0.585 x 1071

Table 2. Variation of the normalized mean drift wave force on the exterior porous shell, f,~, with respect
toM (d =3a,b=2a,and Gy =0.1).

ka = 1.0 1.5 2.0 2.5 3.0
M= NF NF NF NF NF
5 1.083 1.057 1.091 1.031 0.940
10 1.083 1.068 1.116 1.075 1.035
15 1.083 1.068 1.116 1.075 1.035
20 1.083 1.068 1.116 1.075 1.035
30 1.083 1.068 1.116 1.075 1.035

Table 3. Variation of the normalized mean drift wave force component involved in the far-field
formulation, ff_, with respect to M (d = 3a, b = 24, and Gy = 0.1).

ka = 1.0 1.5 2.0 2.5 3.0
M= FF FF FF FF FF
5 1.328 1.297 1.218 1.068 1.068
10 1.328 1.301 1.274 1.272 1.294
15 1.328 1.301 1.274 1.272 1.294
20 1.328 1.301 1.274 1.272 1.294
30 1.328 1.301 1.274 1.272 1.294

Table 4. Variation of the normalized mean drift wave force component involved in the far-field
formulation, f,;, with respect to M (d = 3a, b = 2a, and Gy = 0.1).

ka = 1.0 1.5 2.0 2.5 3.0
M= FF FF FF FF FF
5 -0.214 -0.197 -0612x10"1 —0518 x107! —0.494 x 1071
10 -0.216 -0.212 -0.129 -0.174 —0.201
15 -0.216 -0.212 -0.129 —-0.174 -0.201
20 -0.216 -0.212 -0.129 -0.174 —0.201
30 -0.216 -0.212 -0.129 —-0.174 -0.201

Table 5. Comparison of the normalized mean drift wave force on the concentric porous cylinder system,
f~, based on different formulations (d = 3a, b = 2a, and Gy = 0.1).

ka = 1.0 1.5 2.0 2.5 3.0
M= NF FF NF FF NF FF NF FF NF FF
5 1112 1113 1.078 1.100 1.120 1.157 1.053 1.016 0995 1.018
10 1112 1.112 1.089 1.089 1145 1.145 1.098 1.098 1.094 1.094
15 1112 1.112 1.089 1.089 1145 1.145 1.098 1.098 1.094 1.094
20 1112 1.112 1.089 1.089 1.145 1.145 1.098 1.098 1.094 1.094
30 1112 1.112 1.089 1.089 1145 1.145 1.098 1.098 1.094 1.094
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With the validation of the developed model, a parametric study is then performed. The far-field
formulation is adopted firstly. As shown in Equation (23), if the far-field formulation is used, the total
mean drift wave force on the system consists of a component associated with the quantities in the
far-field, i.e., ff_, as well as an additional component caused by the energy dissipation through the
porous shell, i.e., f;. The effect of the porous parameter Gy on ff_, fi,and f~ is shown in Figure 2 with
b =2aand d = 3a. In Figure 2, Gy = 0 corresponds to the situation when the exterior shell becomes
impermeable. When Gy =0, f; remains zero, and ff_ coincides with f~. As shown in Figure 2a,b,
when Gy > 0, ff‘ and f,; in general make opposite contributions to the total force on the system in
which the dominant part is ;. In the meantime, from Figure 2c, it is found that, when the exterior
shell becomes porous, i.e., Gy > 0, the trend of the mean drift wave force on the system is different from
that when Gy = 0, as there are a series of small peaks appearing around ka = 0.678, 1.341, 1.979, 2.588,
etc. The occurrence of these small peaks is explained as below. The continuity of the fluid velocity
between the inner and the outer regions is fulfilled by Equation (5). Based on Equation (5), the normal
fluid velocity across the porous shell can be expressed as

Iy 92 = 2Ag < imt1g,Go o
Ipn| 9t i =~ 228 7 12) : "0, (30)
a|_, a|_, m;oo " nhw m;m BmH’ 1w (kb) + 2GoH’ 1, (ka)
in which 5 5
P1, m P2, m .
Uy m = = i i ikGo (P1, m = P2, m)],_,- (31)
(b) 0.1
1.341 ‘1/979 ‘2/.588 ‘0/.678 }341 ‘1/.979 }588

1.5 2.0 25 3.0

2.588

1.0+

05

Figure 2. Effect of the porous parameter Gy on the force components and the total mean drift wave
force on the system using a far-field formulation (b = 22 and d = 3a): (a) ff_ (b) fi (c) f~.
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In Equations (30) and (31), uy, ,, is the mth order Fourier component of the normal fluid velocity
across the porous shell; @1, ,,, and ¢y, ,,; are the Fourier components of the velocity potential in the interior
and the exterior domains, respectively. It is interesting to find that as ka gets close to 0.678, 1.341, 1.979
and 2.588 (when b = 2a and d = 3a), up, 11, tp 42, Up,+3, and uy, 44 approach zero, respectively. Equation (5)
ensures the continuity of the fluid velocity between the inner and outer regions. From Equation (31),
it is found that at these wave frequencies, Fourier components of the velocity potential of the order
+1, £2, +3, +4, etc. are continuous as well between the inner and outer regions. It means that to
these components of the incoming waves, the porous shell is no longer a barrier but, on the contrary,
thoroughly “transparent,” permitting them to transmit across without any diffraction or dissipation.
In this mechanism, the porous shell acts as a “wave filter” for special frequencies, thereby certain
components of the incident waves cannot be dissipated by the shell. Then, the dissipation effect of the
porous shell is significantly weakened at these wave frequencies, triggering an apparent diminishment
of f,; in magnitude (see Figure 2b). In the meantime, as not all the components of the incoming waves
can be diffracted by the shell around these special wave frequencies, the diffracted waves in the far filed
would be affected, leading to the small oscillations of ff_ around these wave frequencies (see Figure 2a).
As a result, due to the aforementioned large diminishment of f,, local enhancements of the total mean
drift wave force on the system arise at these wave frequencies.

The near-field formulation is then adopted. The effect of the porous parameter Gy on the mean
drift wave force on the interior column and the exterior shell, i.e., f;” and f;, is shown in Figure 3 with
b =2aand d = 3a. In Figure 3a, “SC” corresponds to the situation when the exterior shell is removed
and the interior column is exposed directly to the action of the incoming waves. Figure 3a illustrates
that with the shielding of a slightly porous shell, the mean drift wave force on the interior column is
significantly reduced in comparison to that without the shell. In addition, in Figure 3a, peaks can be
observed around ka = 1.341, 1.979, and 2.588. As mentioned before, this is due to the reason that around
these wave frequencies, certain components of the incoming waves can completely transmit into the
inner region. Then, the wave action upon the interior column is enhanced, as demonstrated by the
peaks. From Figure 3a, it is also interesting to find that around ka = 0.678, f is close to zero, which can
be explained as below. Around ka = 0.678, the waves transmitting into the inner region are dominated
by the Fourier components of the order +1, resulting in a phase difference of 7t between the lee side and
the weather side of the interior column. In addition, at ka = 0.678, the wave length is long enough when
compared to the radius of the interior column, and the wave diffraction by the column is relatively
negligible in comparison to the incident waves. Therefore, at this wave frequency, the wave run-up
along the column distributes almost anti-symmetric with respect to the y-axis. Then, the quadratic
fluid pressure, which is proportional to the square of the fluid velocity, on the lee side of the column is
almost the same as that on the weather side, leading to that the mean drift wave on the column is close
to zero. In Figure 3b, it appears that the mean drift wave force on the shell is much larger in magnitude
than that on the column, and the results of f;” are close to those of f~. It suggests that if the near-filed
formulation is adopted, the total force on the system is dominated by f;". The effect of Gy on f;” is not
apparent for long incident waves. However, for short incident waves, the effect is notable since f;” in
general decreases as G increases.
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Figure 3. Effect of the porous parameter G on the mean drift wave force on the interior column and
the exterior porous shell using the near-field formulation (b = 22 and d = 3a): (a) f7 (b) f; .

The effect of the radius of the exterior porous shell and the effect of the water depth on the mean
drift wave force acting on the impermeable column, the porous shell and the system as a whole are
shown in Figures 4 and 5, respectively. As shown in Figure 4, the total mean drift wave force on the
system increases with the increase of b. This is due to that the system interacts with more incoming
waves as the radius of the exterior porous shell increases. It is also found that the frequencies of
the small peaks move to the high-frequency region as the shell gets closer to the enclosed column.
In Figure 5, the effect of the water depth gets less apparent as ka increases. This is due to the fact that in
short incident waves, the fluid velocity decays quickly downward along the gravity direction.

(a) (b)

0.2 2.0

1.6

“0.0 0.5 1.0 1.5 2.0 2.5 3.0 0.0 0.5 1.0 1.5 2.0 2.5 3.0
ka ka

0.0 2 1 1 1 1 L
0.0 0.5 1.0 1.5 2.0 2.5 3.0

ka

Figure 4. Effect of the radius of the exterior porous shell on the mean drift wave force on the interior
column, the exterior porous shell, and the system (Gy = 0.05 and d = 3a): (a) f; (b) f; (c) f~.
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(b)

—d=2a
006 d=3a

0.0 0.5 1.0 1.5 2.0 2.5 3.0

—d=2a
----- d=3a
........... d: 4a
------ d=5a
0'0 1 1 1 1 1
0.0 0.5 1.0 1.5 2.0 2.5 3.0

ka

Figure 5. Effect of the water depth on the mean drift wave force on the interior column, the exterior
porous shell, and the system (Gy = 0.05 and b = 2a): (a) o (b) f; (c) f~.

6. Conclusions

The wave interaction with a concentric porous cylinder system, consisting of an interior
impermeable column and an exterior slightly porous thin shell, is described. The exterior shell
is assumed to have fine pores, and a linear resistance law is used to relate the pressure drop across the
porous shell with the normal velocity. This study aims to investigate the effect of the exterior porous
shell on the nonlinear mean drift wave force on the interior column. The main conclusions of this
study are summarized as follows:

(1) Two different formulations have been derived for the calculation of the mean drift wave force
on such a system. One is based on the direct pressure integration, i.e., the near-field formulation,
and the other is based on the application of the momentum conservation theorem in the fluid domain,
i.e., the far-field formulation. It is found that the results based on the two formulations agree exactly
with each other.

(2) The far-field formulation of the mean drift wave force for the present problem consists of two
parts, i.e., a conventional part, which is contributed by the quantities in the far field (similar to that on
impermeable bodies), as well as an additional part caused by the energy dissipation across the porous
shell. The former part dominates the total mean drift wave force on the system.

(3) The mean drift wave force on the interior column shielded by an exterior porous shell can be
largely reduced when compared to that without the exterior porous shell. With the exterior shell being
porous, the trend of the mean drift wave force on the system is different from that when the exterior
shell is impermeable, as there is a series of small peaks riding on the main trend. It is found that these
small peaks occur when certain propagation modes of the fluid velocity satisfy a no-flow condition
at the porous shell. Then, the porous shell cannot dissipate energy from these modes, enhancing the
wave impact upon the system.
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The characteristics of the mean drift wave force on concentric porous cylinders are explored in
this study. This reveals that, due to the presence of the porous shell, the interior column does not
experience any mean drift wave force at specific conditions. The conclusions achieved in the present
study are important references to subsequent studies concerning floating systems, which can be further
explored as a future work.
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Nomenclature

a radius of the interior column

A complex incident wave amplitude

b radius of the exterior porous shell

d water depth

- mean drift wave force on the total system

fo mean drift wave force on the interior column

s mean drift wave force on the exterior porous shell

f, force component in the far-field formulation caused by the energy
dissipation through the external porous shell

f} force component in the far-field formulation contributed by the
quantities at the far field

o1, P2 velocity potential in the interior and exterior regions

or incident velocity potential

¢p diffraction velocity potential in the exterior region

g gravitational acceleration

Go porous effect parameter

H,, Hankel function of the first kind of order m

i imaginary unit, 2=-1

Jm Bessel function of order m

k wave number

P fluid pressure

r, 0,z cylindrical coordinates

Ry, m(r), Ro, m(r) radial functions for the velocity potentials

Z(kz) vertical functions for the velocity potential

P density of water

) wave frequency

XY,z Cartesian coordinates
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Abstract: A coupled floating body-mooring line model is developed by combining a boundary element
model for a two-dimensional floating body and a catenary mooring line model. The boundary element
model is formulated in the time domain by a continuous Rankine source, and a reflection potential is
introduced to account for the wave reflection due to sloping seabed. This newly developed model is
validated by comparisons against available data. Then, dynamic response analyses are performed for
the moored body in various seabed conditions. Compared with a flat seabed, a sloping seabed causes
unsymmetrical mooring line configuration and generates noticeable effects in the motion responses of
the floating body.

Keywords: coupled model; boundary element method; unsymmetrical mooring lines; sloping seabed;
linear potential flow

1. Introduction

Many types of offshore structures, including floating islands [1], floating shelters [2], floating wind
turbines [3], floating wave energy converters [4] and floating offshore fish farms [5], are moored in
complicated coastal environments. These structures are exposed to ocean waves, with the possibility of
wave reflection and wave shoaling from coastal seabeds. Dynamic responses of these floating bodies
are the combined effects of ocean environments and mooring systems. Accurate predictions of dynamic
responses are of practical importance for the design and manufacture of these offshore structures.

Compared with that of deep water offshore structures, design and construction of floating structures
in coastal environments face unique challenges and the dynamics of these structures could be more
complicated because of the seabed effects. Previous researches suggest that shallow waters can excite
larger responses of offshore structures under hydrodynamic loading because of the flat seabed effects [6-8].
As numerical approaches for flat seabeds are not directly applicable to sloping seabed profiles, refs. [9,10]
developed second-body models to account for the sloping seabed effect within the boundary element
model frame and found that a sloping seabed significantly influences the cross coupling hydrodynamic
coefficients. Refs. [11,12] developed multi-domain approaches that divide the fluid domain into an interior
domain of variable water depth and an exterior domain of constant depth. An extra term accounting for
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the sloping-bottom effects is introduced to correct the incident wave potential so that the sloping seabed
condition is satisfied. They found that the sloping seabed significantly affects the body motion response
amplitude operator (RAO). Ref. [13] coupled a Rankine source model to the Boussinesq equation, which
supplies all relevant information concerning the fluid domain. They reported that the peak frequency
of the exciting forces and motion responses are shifted ahead due to the sloping seabed effects. Refs.
[14,15] introduced a reflection velocity potential to account for the sloping seabed effect. Numerical results
demonstrated that the sloping seabed alters the symmetrical profile of the fluid domain and the coupled
effects between different motion modes become important. However, the mooring lines are not considered
in these numerical models.

Mooring systems serve as station-keeping devices used to maintain a floating body in acceptable
positions. Mooring systems can be categorised based on the restoring mechanisms, weathervaning
characteristics and so forth. For a taut-leg mooring, the elastic stiffness due to line stretch is the dominant
source of restoring, while for a catenary mooring configuration, the mooring restoring comes primarily
from the geometry stiffness of the lines in normal sea states as the floating structure moves within certain
offset ranges [16]. As a result of the relatively cheap anchoring costs and convenient offshore installation,
the catenary mooring configuration has been extensively applied in various water depths [17,18] and with
different component compositions [19]. For instance, Ref. [20] found that proper application of clump
weights and buoys can increase the mooring restoring force and floating body capacity, but this will add
extra difficulty for practical operation.

Numerical modelling of catenary mooring lines has different levels of fidelity. The quasi-static
approach based on the catenary equations does not consider mooring dynamics and facilitates
frequency-domain analysis for preliminary design purposes [21]. For deep-water applications, the dynamic
mooring line tension becomes more important, and semi-analytical methods accounting for simplified
dynamics were also proposed [22]. Later, finite element models [23,24] and lumped-mass models [25] were
proposed for time-domain simulations, and these models provide accurate representation of the mooring
line dynamics at increased computational costs.

Concerning the modelling of floating body and mooring lines, both uncoupled and coupled analysis
have been applied. An uncoupled model essentially ignores the interactions between the floating body
and treats a mooring line as a simple massless spring [26,27]. Such an approach benefits from less
computational cost but sacrifices result accuracy. In comparison, a coupled model addresses the interaction
between the floating body and mooring lines and can be particularly important if accurate mooring
responses are needed. For a coupled model, frequency-domain and time-domain panel models have
been developed to describe the wave phenomena and wave forces. As shown by [28], both frequency-
and time-domain models can be used to deal with nonlinear waves around the floating body, although
the latter is less ambiguous for the scattered waves.

Many offshore renewable energy facilities such as wave energy converters are moored in coastal areas
with shallow water. Depending on the site conditions, the mooring lines may lie on a sloping seabed,
which will change the fluid dynamics and eventually affect the mooring dynamics and power production
performance. To examine the influence of seabed conditions without loss of generality, we only consider
a floating body with mooring lines in this work. A simplified catenary model is adopted together with
a boundary integral method to develop a time-domain coupled numerical model. The boundary integral
model comprises three boundary element equations accounting for wave diffraction, wave radiation
and wave reflection, respectively. This coupled model is validated by comparison against published data
for the static offset, free decay and regular wave tests. Furthermore, numerical simulations are performed
for various seabed profiles and mooring line conditions. The numerical study shows that the sloping
seabed significantly changes the fluid domain and mooring line profile and therefore results in noticeable
effects on the dynamic responses of the coupled floating body-mooring line system. These effects also vary
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under different sloping seabed with asymmetrical mooring lines conditions compared with the flat seabed
case.

It should be noticed that in real ocean environments, inclined seabeds can lead to formation of
vortices of various scales which affect the mooring line mechanism as well as the floating body motion
characteristics. The present fluid domain is described by potential flow and flow viscosity is essentially
ignored. The investigation of vortices on the mooring line and body motion is out of the scope of the present
study.

2. Problem Formulation
2.1. Coupled Floating Body-Mooring Line Model

For a free-floating body moored in coastal environment, the position and velocity of the floating body
vary at each time step and mooring line supplies restoring force to keep the body in acceptable positions.
The coupled motion equation for a floating body with mooring lines can be expressed in the form:

My (1) = FOe(8) + F""S (1) + FS0i(t) (i = 1,2,3), 1)

Mo

1

]

where M;j and X;(t) respectively denote the body mass matrix and body acceleration. F"*(t), Fimoormg (1)

and Fftatic(t) denote wave force, mooring line force and hydrostatic force, respectively. F/***(t) consists
of wave radiation and wave diffraction forces. i,j = 1,2,3 stand for surge, heave and pitch motion,
respectively. In the present study, the coupling effects between different motion modes are ignored for
simplification and therefore Equation (1) can be further expressed as:

My Xy (£) = FO%(8) + F"™8 () + Fgtotic(p), @)
Mo X () = X (t) + B8 (1) + E5e (t), ®3)
M3 X3 (t) = FY™ (1) + By (1) + 5ot (1), @)

2.2. Catenary Mooring Line Model

The boundary conditions applied on the mooring lines are the constraints at the two ends of the line:
the upper end is attached to the floating platform and is forced to move with the platform, and the lower
end is connected to an anchor point at seafloor. For a catenary mooring configuration, a portion of catenary
line should lie on the seabed to avoid large vertical forces on the anchors.

The following key assumptions are applied during the analysis of a catenary model: (1) The mooring
line moves very slowly such that the drag forces and inertial forces are negligible. (2) The environmental
loads on the mooring line are insignificant and can be excluded in the model. (3) The mooring line is
inelastic. (4) The anchor point does not move in any directions. (5) The mooring line is lying on a horizontal
seabed. In the present study, the sloping seabed inclination is small and the sloping seabed effects for
the mooring line mechanism are therefore ignored. This simplification justifies the application of catenary
mooring line model to horizontal seabed profiles. For a catenary mooring line with length L, under its
own weight of W per unit length in water, the governing equations can be analytically expressed as [29]
(pp. 258-263):

Ty
LW

LW

cosh™1(1+ T,

LR

L—-L;(1+42 W"

)—Ly=0, ©)
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T, = W(L2 + 2L, W)?, ©6)

where Ly and L, are the horizontal and vertical distances between the two ends points of a mooring line,
respectively. Ty and T, are the horizontal and vertical tension, respectively. A sketch of the catenary
mooring line model is presented in Figure 1.

Ancheor point Anchor point

‘

\,

L

Figure 1. Sketch of a catenary mooring line model.

At an initial time ¢ = 0, a mooring line pretension Ty, is applied to keep the floating body at a static
equilibrium position. At each time step, an iterative scheme is applied to calculate the mooring line forces
based on Equation (5). This force is used as the exciting mooring line force on the right-hand side of
Equation (1) and then the equation is solved using a fourth-order Runge-Kutta method. The floating body
displacement works as boundary conditions for the upper end of mooring line. Then, at the next time step,
Equation (5) is solved again to start another loop until the end of the numerical simulation.

2.3. Fluid Domain Formulation

2.3.1. Fluid Motion Equations

Figure 2 illustrates a coordinate frame OXZ with its origin O at the centre of a two-dimensional
floating body-mooring line system in a fluid domain of finite water depth. The fluid domain (2 is bounded
by a free surface Sy, a body surface Sj, a seabed surface Sy and an enclosing surface at infinity, Se.. The
fluid flow is assumed to be irrotational and can be described by the velocity potential, ¢, which satisfies
the Laplace equation as follows,

P?p
dx2

0%¢ . . .
+ e 0 in the fluid domain Q. @)
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Figure 2. Illustration of a coupled floating body-mooring line model with a seabed condition.

Based on linear theory, the velocity potential ¢ can be expressed as:

p(x,z,t) = pr(x,z,t) + ¢p(x, 2, ) + Pr(X, 2, ) + Pre(x, 2, 1), (8)

where ¢, ¢p, ¢r and ¢, denote the incident wave potential, diffraction potential, radiation potential
and reflection potential, respectively. The radiation potential is used to describe the velocity potential
generated by floating body motions. For two-dimensional problems, a floating body can undergo surge,
heave and pitch motions. For different degrees of freedom, the radiation potential essentially has different
values.

2.3.2. Diffraction, Radiation and Reflection Potential Problems

The velocity potentials ¢;, ¢p, ¢r and ¢y, satisfy the Laplace equation, and ¢p, ¢r and ¢, can be
investigated by formulating the boundary integral equations accordingly based on the work of [8,14,30].
The diffraction potential, ¢p(x,z, t), describes the fluid field potential generated by the incoming wave
within the seabed environment. For an incoming progressive linear wave with a wave amplitude, A, in
a finite water depth, 5, the velocity potential, ¢; and the wave elevation, 771, can be expressed as

_ gAcoshk(z+h) . B
¢r = w  coshih sin(kx — wt), )
1 = Acos(kx — wt), (10)

where g, k and w denote the gravitational acceleration, wave number and wave frequency, respectively.
As no fluid penetrates the rigid body and seabed surfaces, the boundary conditions applied to
the body and flat seabed are:

opp _ ¢y
90 _ 4 on So, (12)
arl()

where nj and ny denote normal vector on body surface and seabed surface, respectively.
The linearised kinematic condition and the dynamic free surface boundary condition are given as

9p _ 9D _
g ot =0 OnSf, (13)
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9¢p
ot
where 71p refers to the wave elevation caused by wave diffraction. The body boundary condition
(Equation (11)), seabed condition (Equation (12)) and free surface boundary conditions (Equations (13)
and (14)) create a closed boundary value formulation to the diffraction potential problem.
The radiation potential, ¢r(x,z,t), accounts for the fluid field potential caused by body motions
in the fluid domain. Nonpermeable boundary condition is applied to the body and seabed conditions.
The free surface boundary condition is simplified as a linear form:

+8np =0 onSy, (14)

?% =vVp-n, onSy, (15)

?%1; =0 on Sy, (16)
%_aaif:o onSf, (17)
a(_;itR—&-qu =0 on Sf, (18)

where v;, denotes the body motion velocity. For a floating body experiencing forced oscillatory motion
with an amplitude a, the body motion velocity v, can be described as:

vy = (awcoswt, 0) for surge motion, (19)

and
v, = (0, awcoswt) for heave motion. (20)

In the proposed model, the free surface is divided into inner and outer domains, which are discussed
in the next section. In the outer domain, the source panels are arranged in an exponentially increasing
manner. Using this distribution method, a very large free surface can be covered by the source panels
and therefore the generated waves can move towards the far field in this enlarged computational domain
before the end of numerical simulation. The radiation condition is satisfied without applying any artificial
damping on the free surface.

The sloping seabed provides a source of wave reflections into the fluid domain. In this investigation,
the wave reflection potential, ¢, is introduced to satisfy the Laplace Equation (7) whose solution is
determined by solving the following boundary value equations

Opre
an, 0 onSy, (21)
84)1’8 a77re -
% o = 0 onSy, (22)
d
g’t’e +gifre =0 on Sy, (23)
Ire __ 9¢1 _
ang — ong on Sy, z = h(x). (24)

Notice that this boundary value equation is analogous to the solution of the wave diffraction potential.
In this regard, the potential ¢ can be considered as the potential caused by the interaction of the floating
body (the first body) and the sloping seabed (the second body). Equation (24) describes the sloping seabed

227



J. Mar. Sci. Eng. 2020, 8, 389

boundary condition whereas, in Equation (12), the constant water depth refers to the deeper water depth
on the left hand side of the sloping seabed. If the seabed is completely flat, the reflection potential ¢y,
disappears. In this scenario, the reflected wave moves towards the left hand side of the fluid domain
and travels into the far field. As the proposed free surface source distribution method covers a very large
free surface area on both sides of the body, the reflected wave will not reflect backwards the fluid domain.

2.3.3. Numerical Discretisation of Velocity Potential ¢p, ¢pr and ¢,

The velocity potential ¢ can be expressed as a boundary integral of Rankine sources continuously
distributed on the fluid boundary surface S = S5, U Sy U S as

o(xX,t) :/ o In ¥ —x|dsx+/ o/ In|x — x|dsx —I—/ % ln|x' — x|dsy, (25)
Sp S So

where x’ = (x/,z') and x = (x, z) are the control point and the source point, respectively. In this paper,
a continuous panel is applied to replace the isolated source point method. The control point is the point
where the boundary condition is satisfied and it is located in the middle of a continuous panel. The source
point is the end point defining the continuous panel. Each continuous panel has two source points and one
control point. ¢¥, 0/ and ¢ denote the source strength of the body, free surface and seabed, respectively.

Let the integral domain boundary surfaces Sy, Sy and Sy be approximated as the sums of Nj, N

i=1"i’
and x’g € S be the control points fori =1, ..., Nb,] =1,..,Nfand k =1, ..., NO. The discretised form of
the boundary integral (Equation (25)) describing the diffraction problem is given as:

and N panels, respectively such that S, = UM, S Sf= U;\LflS{ and Sy = uiiolsg. Letx') €5y, x’]f € Sy

Igp(x) N
anb ; 1n|x — X;|dsx
Nf O h (26)
2 ln\x —xjldsx+ Y of JIn|xy = xi|dsy,
= k=1 b Sk
opp(x) N g
—1 = ZU}’—/ ln\x — x;|dsx
ony =1 om /S
(27)
NS o) f
—1—20 —/ In |x"; — xj|dsx + Zak—/ 1n|x — X |dsx,
an
p(x}) _ 3" 0 0
3ng _;Uié)n’a/sflnxk_xzwsx
; (28)
—|—%c7f J /11r1|x'0 x;|ds —|—Z(T J /ln|x Xx|ds
"3 k x ka3 k — Xk |dSx-
= ong Js] (= " ong

At any time step ¢ during the numerical simulation, the body and the seabed boundary conditions are
described by their boundary value equations. The free surface boundary conditions for diffraction potential
¢p, radiation potential ¢r and reflection potential ¢y, are all updated by a 3rd-order Adams-Bashforth
scheme. The time interval At = Ty/100 is applied in the numerical simulations. Here, Ty is the wave
period.
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A matrix equation is formulated by discretising Equations (26)—(28). At each time step f, the boundary
conditions work as inputs to this matrix equation and the source strength o7, 0']f and o7 are the solutions
of this equation. Once the source strengths are obtained, the velocity potential ¢ can be investigated based
on Equation (25).

The discretisation for the wave radiation, ¢, and the reflection potential, ¢y, is exactly the same as
that for the diffraction potential, ¢p and is therefore omitted herein. Calculation of the Rankine source
Inr integral in the boundary integral equations is computationally expensive. In this study, a continuous
Rankine source panel integral is developed instead of an isolated Rankine source approximation to reduce
numerical errors and increase numerical efficiency.

Note that, physically, the free surface, S¢, is of infinite size and the integration over this infinite
dimension is not possible by numerical techniques. For this reason, the computational domain is truncated
in the numerical simulations and the far-field boundary condition is satisfied on this truncated free surface.
In the present study, the Rankine source panels are distributed in an exponential manner, allowing for
the coverage of a very large area of free surface. The numerical computations are completed before
the incident wave and reflected wave reaches the truncated boundary.

2.3.4. Boundary Panel Distribution

In the present study, the sloping seabed z = h(x) is described mathematically as:

ok c<-y
h(x) = ¢ —H + xtan6 —% <x< % (29)
—H+% x > %

where H is the mean water depth and 0 denotes the sloping seabed angle which is defined as:

0= arctan(ﬂ), (30)
Ly
where L, and L, are the projected length of the slope seabed in horizontal and vertical directions,
respectively. Figure 3 illustrates the definitions of these parameters in the coupled floating body-mooring
line problem under investigation. The sloping seabed is divided into three regions, h1, hy(x) and hs.
The constants /1 and h3 correspond to the constant depth flat portions on the left and right hand sides of
the sloping seabed whereas the variable h; (x) represents the depth of water in the sloping region.
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Figure 3. Definitions and illustration of the floating body-mooring line problem.
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Both the free surface and seabed surface are divided into inner and outer domains. To approximate
the inner domain, the source panel distribution method discussed by [8] is adopted here. A parameter
v = 1+ tan#f is introduced to deal with this asymmetric characteristic of the surface. For free surface
and flat seabed, the angle § = 0 and therefore ¥ = 1. On the right side of Sy, starting from x = 0,
the horizontal distances between neighbouring control points are expressed as:

L
XD — x| = Lxg in the inner domain, (31)
Yw
L
X=Xl = %1-05’(“{_1)/ 2 in the outer domain, (32)
and on the left hand side of Sy:
L
Xy —x} | = T bzlxk in the inner domain, (33)
w
L
|x'2 — x’g,l = %1.05"("*1)/2 in the outer domain, (34)

where L, is the body surface panel length. The parameters oy define the separation distances and are
decided according to the method discussed by [8]. In the outer domain the distances between the centres
of neighbouring source panels are displaced in an exponentially increasing manner as aforementioned.

3. Model Validation

In order to validate the proposed coupled floating body-mooring line model, numerical simulations
are performed for the static offset test, the free decay test without mooring line, the free decay test with
mooring line and the regular wave simulation. All numerical simulations are conducted in the time
domain and converted into the frequency domain for direct comparison against available published data.

3.1. Static Offset Test

The stiffness characteristics of catenary mooring lines are investigated preliminarily by the static
offset tests. For a mooring line with a length of L = 100 m and a unit weight of W = 828 N/m, moored in
water depth /1 = 25 m, Figure 4 shows the comparison of this mooring line stiffness curves with respect to
horizontal force Ty (a) and vertical force T, (b) between the proposed numerical method and [29] (pp.
258-263). Results from the proposed method show excellent agreement with those of [29]. It is noticed
that both the horizontal force Ty and vertical force T, demonstrate nonlinear characteristics as the mooring
line horizontal distance L, increases and this phenomenon is also called nonlinear “hardening” behaviour
by [26].
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Figure 4. Comparison of mooring line stiffness with respect to horizontal force Ty (a) and vertical force T,
(b) between proposed numerical method and numerical data of [29].

3.2. Free Decay Test

The free decay test works as a measurement to determine the natural period T and the damping ratio
B of the system. In the free decay test, the floating system was offset an initial displacement and allowed
to damp out until reaching the equilibrium position. A heave decay test was performed for a semi-circular
cylinder with radius 10 m excluding mooring line as a preliminary study. Figure 5 shows comparison
of the heave decay test for the semi-circular cylinder between the proposed method, the [31] numerical
simulation and the [32] experiment. As shown, the proposed model yields a good agreement compared
with the numerical prediction of [31] and experimental data of [32]. The natural period for this cylinder in
heave motion is 7.18 s.

Numerical simulations are further performed for the semi-circular cylinder with different mooring
line stiffness K;. The mooring line system stiffness K; is defined as:

moorin
Ereoms

o i
K; e (35)

where X; denotes the body offset and is corresponding to the body displacement in Equation (1). Figure 6
shows the surge decay test for the cylinder with mooring line stiffness K; = 90,000 N/m, 135,000 N/m,
180,000 N/m and 225,000 N/m, respectively. It is noticed that the decay period and motion amplitude
decrease as stiffness K; increases. The coupled system free decay period can be analytically evaluated by
the following equation of [33] (pp. 275-278):

T=2n1/(1-p*/\/K/(M+a), (36)

b
VTR 7
where subscripts are omitted for simple notation. The body added mass a2 and damping b can be obtained
from the work of [8]. Table 1 shows a comparison of the surge decay period T between the analytical
method by [33] and the proposed numerical method for the mooring line stiffness of K; = 90,000 N/m,
135,000 N/m, 180,000 N/m and 225,000 N/m, respectively. It is observed that the proposed method agrees
well with the analytical expression of [33]. The natural period of this floating body-mooring system is

with
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around 10 s. Therefore, the wave frequencies dominate the system responses and low-frequency responses
are expected to be small.

1.5
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Figure 5. Comparison of heave decay test for the semi circular cylinder between proposed method results,
[31] numerical results and [32] experimental data.
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Figure 6. Surge decay test for cylinder with mooring line stiffness K; = 90,000 N/m, 135,000 N/m, 180,000
N/m and 225,000 N/m, respectively.

Table 1. Comparison of surge decay period T between Patel (1989) analytical method and proposed

numerical method data for mooring line stiffness K; = 90,000 N/m, 135,000 N/m, 180,000 N/m and 225,000
N/m, respectively.

Surge Decay Period T

Stiffness Ky (N/m) Patel (1989) analytical method Proposed numerical method Error
90,000 12.77 13.05 2.1%
135,000 10.80 10.65 1.4%
180,000 9.35 9.15 2.0%
225,000 7.15 7.30 2.1%
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3.3. Regular Wave Simulation

Numerical simulations are further carried out for the floating body-mooring system subject to regular
waves. As a preliminary study, numerical simulations are conducted for a rectangular cylinder with
breadth B = 0.30 m and draft d = 0.20 m, floating in water depth /1 = 0.40 m without mooring lines attached.
Figure 7 shows a comparison of the time records of surge motion X (f) (a) and heave motion X, (t) (b)
between the proposed method, the experimental data by [34] and the numerical data by [35]. The floating
rectangular cylinder is subject to a regular wave with wave period Ty = 1.2 s and wave amplitude A = 0.02
m. It is shown that the proposed model results agree favourably well with the model test data of [34]
and the numerical prediction of [35]. This floating body is moored by two symmetrical mooring lines,
with L = 1.6 m and a weight of W = 39.2 N/m in water. Figure 8 demonstrates the comparison of time
records of surge motion X (¢) (a) and heave motion X, (f) (b) between proposed method results and [35]
numerical data for the rectangular cylinder with the mooring effect included. The numerical data of [35] is
shifted with T = 0 as the starting time for better comparison. It is noticed that the proposed model data
agrees reasonably well with the data of [35] for both surge and heave motions. The discrepancy can be
explained by the fact that the viscous effects are included in the work of [35] but excluded in the present
model.

0.8

—+Proposed method results
0.6F O Ren et al (2015) experimental data
* Martin et al (2018) numerical data

T(t)/T0
(a) Surge motion
0.2
—+Proposed method results
O Ren et al (2015) experimental data
01k * Martin et al (2018) numerical data |

(b) Heave motion

Figure 7. Comparison of time records of surge motion X () (a) and heave motion X;(t) (b) between
proposed method results and [34] experimental data and [35] numerical data without mooring effect.
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Figure 8. Comparison of time records of surge motion Xj(t) (a) and heave motion X;(t) (b) between
proposed method results and [35] numerical data with mooring effect included.

4. Case Study

For a floating body moored in coastal areas, if the mooring line anchors are located in different water
depths, then the mooring line profiles are not symmetrical. The asymmetry of seabed and mooring line
profiles significantly affects fluid domain and hence the body response characteristics. By comparing
the asymmetrical seabed and moorings with the flat seabed and symmetrical mooring lines, this section
investigates the floating body response characteristics in sloping seabed and asymmetrical mooring lines
conditions.

A rectangular cylinder with breadth B = 20 m and draft d = 10 m is selected as the floating body.
Such a body size is typical of floating bodies in ocean and offshore engineering. An average water
depth of H = 200 m is considered for the first numerical case. Two types of seabed and mooring line
configurations are used in the numerical simulations. The first type is a flat seabed with two identical
mooring lines, and the second one is a sloping seabed with two different mooring line arrangement. Figure
9 shows the profiles of symmetrical and asymmetrical seabeds with mooring lines. For the flat seabed
condition, the left-side mooring line length L; and anchor horizontal distance AL; equal the right-side
values Ly and AL;. The average water depths H for the sloping seabeds are same as the flat ones for direct
comparisons. Each mooring line has a weight of W = 5 kN/m in water and two mooring lines are used on
each side in the present study unless otherwise stated.
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Figure 9. Profiles of symmetrical and asymmetrical seabeds with mooring lines.

Table 2 shows parameters of the four sets of mooring lines for the symmetrical seabed condition. In
the present study, 10% of the mooring line length are lying on the seabed for all the numerical simulations
unless stated otherwise. The incident wave has a wave amplitude A = 1 m and the mooring line is kept
in a catenary profile in all numerical simulations. Free decay test shows the heave nature period for
this coupled body and mooring line system are 8.78 s. Figure 10 shows a comparison of floating body
surge motion RAO1; (w) between without mooring line condition, mooring line set 1, mooring line set 2,
mooring line set 3 and mooring line set 4. It is observed that the mooring line reduces the surge motion
RAO11 (w) noticeably and the RAO11 (w) becomes smaller as the mooring line length increases. Figure 11
shows a comparison of the heave motion RAOy (w) of the floating body between without mooring line
condition, mooring line set 1, mooring line set 2, mooring line set 3 and mooring line set 4. It is noticed that
the mooring line reduces the heave motion amplitude significantly. Longer mooring line generates larger
restoring force for the floating body and therefore the heave motion amplitude reduces more. The peak
value of motion amplitude is shifted towards the high wave frequency as the mooring line length increases.
This finding is in line with that of [36].
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Figure 10. Comparison of the floating body surge motion RAO1(w) between without mooring line
condition, mooring line set 1, mooring line set 2, mooring line set 3 and mooring line set 4.
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Figure 11. Comparison of the floating body heave motion RAO;(w) between without mooring line
condition, mooring line set 1, mooring line set 2, mooring line set 3 and mooring line set 4.

Table 2. Parameters of four sets of mooring lines for symmetrical seabed condition with water depth

h =200 m.
Mooring Line Type Ly L, AL, AL,
Set 1 600m 600m 5499m 549m
Set 2 700m 700m 656m 656 m
Set 3 800m 800m 762m 762m
Set 4 900m 900m 766m 766 m

In order to investigate the hydrodynamic effects of asymmetrical seabed and mooring line,
a symmetrical mooring line set L; = L, = 700 m is taken as the basis. Two asymmetrical mooring
line sets are used in the numerical simulations and the parameters for these two sets of mooring lines are
presented in Table 3. For direct comparison, the total mooring line lengths are same for both symmetrical
and asymmetrical mooring line sets. It should be emphasised that the floating body has to be at static
equilibrium. This requirement is naturally satisfied for symmetrical mooring line set. For asymmetrical
seabed and mooring line set, the left side mooring line is arranged similarly as the symmetrical case, i.e.,
10% of the mooring line length are laid on the seabed. The right-side mooring line has to be arranged to
balance the horizontal mooring line force generated by the left side. An iterative procedure is developed
to calculate the anchor horizontal distance AL, and the anchor vertical distance AH) is readily available
according to the seabed slope once AL, is obtained. In such arrangement, the difference of vertical mooring
line forces generated by the left and right sides is less than 3% and has marginal effects on the pitch motion
of the floating body.

Table 3. Parameters of two sets of mooring lines for asymmetrical seabed condition with water depth

h =200 m.
Mooring Line Type Lq L, AL, ALy AH; AH,
Set 1 720m 680m 674m 640m 97m 92m
Set 2 740m 660m 695m 620m 10.0m 88m
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Figure 12 shows a comparison of the surge motion RAO11(w) of the floating body between
symmetrical mooring line condition, asymmetrical mooring line set 1 and set 2. It is noticed that the surge
motion RAOq; reduces appreciably as the asymmetry level increases across the whole wave frequency
range. Compared with the symmetrical case, the left-side length of asymmetrical mooring line set 2
increases by 6%, but it reduces the RAO; by approximately 15%. If less mooring line length is allowed
to lie on the seabed, effects due to the mooring line asymmetry are expected to be more significant. It
should be noticed that the difference between the left-and right-side mooring lines is in a reasonable range,
otherwise the mooring line set can not keep the floating body at a static equilibrium position. The heave
motion RAOy;(w) is marginally affected by the asymmetrical mooring line setup and therefore the data
are not presented here.
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Figure 12. Comparison of the floating body surge motion RAO11 (w) between symmetrical mooring line
condition, asymmetrical mooring line set 1 and set 2.

Numerical simulations are further performed for the floating body positioned in a water depth of
H = 20 m. Both flat seabed with symmetrical mooring lines and sloping seabed with asymmetrical
mooring lines are considered. The mooring lines on the sloping seabed have length L; = L, but are
arranged in asymmetrical position. These mooring lines are lying on flat seabed portion whereas sloping
seabed portion is located within two anchor points. Both the symmetrical and asymmetrical mooring line
configurations have the same length L; = L, = 60 m for direct comparison. The 15% mooring line length
is allowed to lie on the seabed for both cases. Figure 13 shows the profile of an asymmetrical seabed with
mooring lines positioned in the water depth H = 20 m.
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The sloping seabed effect for the incident wave amplitude is first investigated, and no floating body
or mooring lines are included in the fluid domain. A linear incident wave with a wave amplitude of A;,,.
comes from the left-hand side and moves towards the right-hand side as illustrated in Figure 13. Figure
14 shows the incident wave amplitude A on the right- and left-hand sides over a sloping seabed with
sloping angle tanf = 1/8. The left-hand side has a wave amplitude of A = A;,. as the incident wave
comes from the left. The wave amplitude changes gradually on the sloping part due to the sloping seabed
effects. The wave becomes steady when it moves into the flat part on the right-hand side. It is noticed that
the incident wave amplitude increases due to the sloping seabed and the sloping seabed has largest effect
for the incident wave when the wave frequency is approximately kd = 0.8.
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Figure 14. Incident wave amplitude A on the right hand and left hand sides over a sloping seabed with
sloping angle tanf = 1/8.

The left-side mooring line weight has a weight of W = 5 kN/m in water for the sloping seabed case,
and the floating body is at a static equilibrium. A preliminary iterative procedure is developed to calculate
the right-side mooring line weight per meter to reach static equilibrium. Figure 15 shows a comparison
of the surge motion RAO1; (w) of the floating body between a flat seabed and a sloping seabed with
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tanf = 1/20, tanf = 1/10 and tanf = 1/8, respectively. It is noticed that the surge motion RAO1; (w) is
smaller for the flat seabed than the sloping seabed conditions and RAO;1(w) increases as the sloping
seabed angle 0 increases across the frequency range.
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Figure 15. Comparison of the floating body surge motion RAO11 (w) between flat seabed, sloping seabed
with tanf = 1/20, tanf = 1/10 and tanf = 1/8, respectively with mooring line length L1 = L, = 60 m.

Figure 16 shows a comparison of the heave motion RAO(w) of the floating body between flat
seabed, sloping seabed with tanf = 1/20, tanf = 1/10 and tanf = 1/8, respectively. It is noticed that
the peak responses of the heave motion RAO»;(w) are shifted towards lower wave frequency and the peak
response values increase along with the sloping seabed angle. The phenomenon presented in Figures
15 and 16 implies that the sloping seabed with asymmetrical mooring line arrangement produces less
mooring stiffness than does the symmetrical case. In the preliminary study to investigate the right-side
mooring weight, numerical simulations show that less weight is required compared with the left side.
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Figure 16. Comparison of the floating body heave motion RAO (w) between flat seabed, sloping seabed
with tanf = 1/20, tanf = 1/10 and tan® = 1/8, respectively with mooring line length L; = L, = 60 m.

Figure 17 shows a comparison of the time record of the floating-body heave motion X, (t) for wave
frequency kd = 1.0 between flat seabed, sloping seabed with tanf = 1/20, tanf = 1/10 and tanf = 1/8,
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respectively. The heave motion X, () has the largest amplitude for flat seabed condition and the X, ()
motion amplitudes decrease as the sloping angles increase. These time-domain results are aligned with
those frequency-domain results presented in Figure 16. In this study, the fluid domain is described by
a linear boundary element model. The peak value for heave motion X5 (t) is around 0.7 whereas the trough
value is about 0.5. This nonharmonic body motion track demonstrates the nonlinear characteristics of
the coupled floating body-mooring line system.

1.51

——Flat seabed
——Sloping seabed, tans=1/20
1r Sloping seabed, tan3=1/10
——Sloping seabed, tans=1/8

Figure 17. Comparison of time record of floating body heave motion X (t) for wave frequency kd = 1.0
between flat seabed, sloping seabed with tanf = 1/20, tanf = 1/10 and tan® = 1/8, respectively.

Figure 18 shows a comparison of mooring line force F,"""""¢ (t) for wave frequency kd = 1.0 between
flat seabed, sloping seabed with tanf = 1/20, tanf = 1/10 and tanf = 1/8, respectively. The mooring line
pretension is excluded in the mooring line force F;(t). The mooring line force F," ooring(t) has the largest
amplitude for flat seabed condition and F," ooring (t) amplitudes decrease as the sloping angles increase. It
is also noticed that the force peak values are smaller than the trough values and this phenomenon is due to
the fact that the heave motion X, (#) peak values are bigger than the trough values. Figure 19 demonstrates
a comparison of time record of floating body surge motion X (t) for wave frequency kd = 1.0 between flat
seabed, sloping seabed with tanf = 1/20, tanf = 1/10 and tanf = 1/8, respectively. The surge motion
X1 (t) peak values are almost same for these different seabed conditions but the X (¢) has the least value
for flat seabed condition. It is also noticed that the nonlinear characteristics become more obvious as
the seabed inclination increases.

240



J. Mar. Sci. Eng. 2020, 8, 389

0.05

—=—Flat seabed

—Sloping seabed, tan3=1/20
Sloping seabed, tan3=1/10

——Sloping seabed, tans=1/8 &%

m

©

(@]

=

S 0
£

S

o

€«

I

-0.05
0

Figure 18. Comparison of time record of mooring line force F,(t) for wave frequency kd = 1.0 between flat
seabed, sloping seabed with tanf = 1/20, tanf = 1/10 and tanf = 1/8, respectively.
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Figure 19. Comparison of time record of floating body surge motion X; (t) for wave frequency kd = 1.0
between flat seabed, sloping seabed with tanf = 1/20, tanf = 1/10 and tanf = 1/8, respectively.

Figure 20 shows the wave force F;*"**(w) on the moored body excited by an incident wave for
the slope seabed angle of tanf = 1/8. It is noticeable that the wave force F;*"**(w) increases with
the wave frequency for kd < 0.6. This wave force F;"*”°(w) reaches its peak in the period 0.6 < kd < 0.7
and decreases gradually with the wave frequency for kd > 0.7. This variation trend is in line with

the moored body motion as presented in Figure 16.
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Figure 20. Wave force F;’***(w) on the moored body excited by an incident wave.

To demonstrate the slope seabed inclination effects for the mooring line force. Numerical simulations
are performed for this floating body positioned above a sloping seabed with various inclinations. Figure 21
shows a comparison of the mooring line force F," ooring amplitude for different slope seabed angle tané for
the floating body experiencing an incident wave with frequency kd = 1.0. It is noticed that the mooring line
force """ reduces as seabed angle tanf increases. In the present study, the mooring line and floating
body are coupled into an integrated model. The mooring line force is excited mainly due to the floating
body motion which is caused by the incident wave. The mooring line force amplitude conforms with

the floating body motion amplitude.
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Figure 21. Comparison of the mooring line force F,' ooring amplitude for different slope seabed angle tanf
for floating body experiencing an incident wave with frequency kd = 1.0.
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It should be noticed that the coupled floating body and mooring line system natural frequency is
within the wave frequency range and only the wave-frequency responses are investigated in this paper.
The low-frequency responses are very important for large floating bodies.

5. Conclusions

A two-dimensional coupled floating body-mooring line model is developed to study the freely
floating body motion responses in both flat and sloping seabed conditions. A continuous Rankine source
based boundary element model is established to describe the fluid domain. This model comprises
three time-domain boundary integral equations accounting for diffraction problem, radiation problem
and reflection problem, respectively. The mooring line is formulated by a catenary mooring line model
and coupled with the boundary element model at each time step.

Numerical validations were carried out for the static offset test, free decay test without mooring line,
free decay test with mooring line and regular wave simulation. Reasonable agreement with published
data demonstrates the accuracy of proposed model.

Two numerical cases are investigated with an emphasis on the hydrodynamic effects of sloping seabed
and asymmetrical mooring line. In the first numerical study, both the surge motion RAO;; and the heave
motion RAOy; decrease as the mooring line length increases for flat seabed condition. For the sloping
seabed case, the left and right sides of mooring line have different lengths and are laid on sloping seabed
portion. The right-side mooring line is positioned to keep the floating body at static equilibrium. Numerical
results show that the surge motion RAO7; decreases as the asymmetrical level increases across the whole
frequency range but the heave motion RAOy, keeps constant regardless of the asymmetry level. These
numerical findings indicate that in such sloping seabed conditions, the mooring line system shows better
station-keeping capability than it does in flat seabed conditions.

For the second numerical case, both the left and right sides of mooring lines are laid on flat seabed
portion with sloping portion between two anchor points. The left and right mooring line has same length
but different weight to keep the floating body in static equilibrium position. Numerical study shows that
both the surge motion RAO;; and heave motion RAOy; increase as the sloping seabed angle becomes
larger. The coupled floating body-mooring line system demonstrates nonlinear characteristics for the body
motion and mooring line force responses in the time domain. The surge motion has clearer nonlinear
performance than the heave motion. An asymmetrical mooring line configuration demonstrates less
station-keeping capability than an symmetrical configuration, but it also requires less mooring line weight
and steel consumption. From an economical viewpoint, such a mooring line configuration could be
beneficial. In actual industrial projects, the design of asymmetrical mooring line is a trade-off between
station-keeping capability and economical benefit.

This paper deals with two-dimensional cases and therefore has academic values, while practical
engineering problems are three-dimensional. The study of three-dimensional coupled floating
body-mooring line problem and an extention to wave energy converters will be part of our future work.
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Abstract: In this paper, we investigate, in the frequency domain, the performance (hydrody-
namic behavior and power absorption) of a circular array of four semi-immersed heaving Wave
Energy Converters (WECs) around a hybrid wind-wave monopile (circular cylinder). The diffrac-
tion/radiation problem is solved by deploying the conventional boundary integral equation method.
Oblate-spheroidal and hemispherical-shaped WECs are considered. For each geometry, we assess
the effect of the array’s net radial distance from the monopile and of the incident wave direction
on the array’s performance under regular waves. The results illustrate that by placing the oblate
spheroidal WECs close to the monopile, the array’s power absorption ability is enhanced in the low
frequency range, while the opposite occurs for higher wave frequencies. For hemispherical-shaped
WECs, the array’s power absorption ability is improved when the devices are situated close to
the monopile. The action of oblique waves, with respect to the WECs” arrangement, increases the
absorbed power in the case of oblate spheroidal WECs, while these WECs show the best power
absorption ability among the two examined geometries. Finally, for the most efficient array configu-
ration, consisting of oblate spheroidal WECs situated close to the monopile, we utilize an “active”
Power Take-Off (PTO) mechanism, facilitating the consideration of a variable with frequency PTO
damping coefficient. By deploying this mechanism, the power absorption ability of the array is
significantly enhanced under both regular and irregular waves.

Keywords: hybrid wind—-wave system; wave energy converters; monopile; oblate spheroids; arrays;
hydrodynamic analysis; power absorption; power take-off mechanism

1. Introduction

The increase of energy demand, the rising cost of fossil fuels, and the environmental
problems derived from their overexploitation have put a spotlight on renewable energy
resources. Offshore renewable energy, which includes both the ocean (wave and tidal)
energy and the mature, nowadays, offshore wind energy, has shown a great potential
for development [1,2] and it is anticipated to play a fundamental role in the EU energy
policy, as identified by the European Strategic Energy Technology Plan (SET-Plan). The
set target for 2050 corresponds to 188 GW and 460 GW of installed capacity for ocean
energy and offshore wind respectively [3,4]. As for the contribution of solely wave and
offshore wind power to the EU electricity mix, the goal is to satisfy 15% of the European
electricity demand and, in some countries, up to 20% of the national demand by 2050 [3].

Aiming at exploiting simultaneously both offshore wind and wave energy, Offshore
Wind Turbines (OWTs) can be integrated with Wave Energy Converters (WECs). This in-
tegration can be realized in a twofold way by (a) locating OWTs and WECs in the same
marine area, leading to the formation of the so-called “co-located parks” [4-7] and/or
(b) combining offshore wind and wave energy technologies into one structure, resulting
to the deployment of the so-called “hybrid systems” or “combined systems”. The latter
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systems can be further categorized into bottom-mounted and floating ones, depending
upon the type of the support structure utilized (bottom-mounted or floating platform,
respectively). The advantages of combining offshore wind and wave energy technologies
into a hybrid system are numerous (e.g., [4,5]). First of all, the energy yield per unit of
marine surface is enhanced and, hence, better use of natural resources is achieved. More-
over, a smooth and more predictable power output can be realized, since the exploitation
of the less variable and more predictable waves enables the avoidance of sudden losses in
power generation due to unpredictable wind variations. One of the most considerable
benefits is the decrease of the levelized cost of energy, as costs related to infrastructure,
transmission, grid connection, permissions, and operation and maintenance are shared.
Furthermore, the ecological footprint of a hybrid wind and wave energy exploitation
system is expected to be smaller than that of the separate alternative [8,9]. However,
there are a few challenges to overcome as well. The main problem is the different level
of maturity of the two specific technologies. OWTs correspond to a well-established
technology with a total installed capacity in Europe by the end of 2019 equal to 22.072
GW [10]. The wave energy industry, on the other hand, is still at a nascent phase. This
is primarily due to the wide range of WECs’ types available and the fact that most of
them are still at early stages of development. The above items in combination with lack
of practical experience and data related to combined technologies lead to an additional
economic risk associated with hybrid projects [11].

Up until now there have been many investigations that focus on floating hybrid
systems. Michailides et al. [12-14] proposed a semi-submersible flap type combined
system (SFC system) and performed an integrated time domain numerical analysis of this
system as well as relevant experiments. Muliawan et al. [15,16] conducted an integrated
numerical and experimental analysis for the case of a spar-type floating wind turbine
and a coaxial floating torus WEC (STC system). The performance of the aforementioned
floating hybrid systems (SFC and STC) was also compared by Gao et al. [17] using both
numerical and experimental data. Inspired by the STC system, a 5 MW wind turbine
on a semi-submersible platform combined with a heaving WEC was investigated in [18].
The performance of a floating hybrid system with a Tension Leg Platform (TLP) and
three point absorbers was numerically studied and assessed by [19], while in [20-22],
the WindWEC system, combining a floating wind turbine on a spar and an oscillating in
heave and pitch WEC buoy, was proposed and it was numerically investigated in time
domain. A floating hybrid system consisting of a 5 MW wind turbine and oscillating
water column devices moored using tensioned tethers in a TLP concept was investigated
numerically and experimentally by [23]. Finally, Lee et al. [24] studied in the frequency
domain the performance of multiple heaving WECs placed on a floating semi-submersible
platform that can be utilized as a support structure of more than one wind turbines.

Contrary to the floating hybrid systems, the case of deploying a bottom-mounted
hybrid system has been considered by a few researchers, who mainly focused on the
design and the development of a WEC concept that can be utilized on a hybrid wind-wave
bottom-mounted support structure. More specifically, Perez-Collazo et al. [25] carried out
an experimental investigation of an oscillating water column WEC attached to hybrid
wind-wave jacket support structure, while the aforementioned WEC type attached to a
hybrid wind-wave monopile support structure has been the subject of the experimental
research of [26]. Inspired by the STC floating hybrid system, a heaving WEC attached
on hybrid wind-wave monopile support structure using a pulley slide mechanism was
studied both numerically and experimentally in [27].

In the present paper, we numerically investigate the performance (hydrodynamic
behavior and power absorption) of a circular array of four semi-immersed heaving WECs
distributed uniformly around a hybrid wind-wave monopile support structure. The array
consists of either hemispherical-shaped or oblate-spheroidal WECs, while each WEC is
assumed to absorb power through a linear Power Take-Off (PTO) mechanism, actuated
from its heave motion. The monopile corresponds to a bottom-mounted, surface-piercing
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circular cylinder. The examined WEC array and the monopile could be considered as com-
ponents of a new bottom-mounted hybrid offshore wind and wave energy exploitation
system, which is proposed in this paper (Figure 1a). The system was inspired by Wave
Treader [28] and Wave Star [29] and enables the motion of the WECs only along the verti-
cal direction by attaching them on the monopile via arms, which move vertically along
sliding guideways, i.e., sliders (Figure 1b). The analysis is implemented in the frequency
domain under the action of regular, head, and oblique waves. The corresponding diffrac-
tion/radiation problem, taking into account the hydrodynamic interactions among the
WECs and between the monopile and the WECs, is solved by utilizing the conventional
Boundary Integral Equation (BIE) method. For each of the examined geometries and for a
constant PTO damping coefficient, we initially present extended results in order to assess
the effect of the net radial distance of the array from the monopile and of the incident
wave direction on the hydrodynamic behavior and the power absorption ability of the
array. Moreover, comparison with the case of an isolated array is performed in order
to illustrate the effect of the existence of the monopile on the performance of the array.
Finally, the most efficient array configuration (WECs’ geometry and net radial distance) is
chosen in order to further enhance its power absorption ability by appropriately adjusting
the damping coefficient of the PTO mechanism along the examined frequency range (i.e.,
utilization of an “active” PTO mechanism). In this case, the power absorbed by the array
is assessed for regular waves as well as for various sea states by utilizing the Jonswap
spectrum.

(a) (b)

Figure 1. Proposed hybrid offshore wind and wave energy exploitation system: (a) conceptual representation; (b) view of
the WECs’ attachment on the bottom-mounted OWT.

2. Numerical Modeling

A circular array of M hydrodynamically interacting, semi-immersed heaving WECs
is placed around a bottom-mounted cylindrical monopile in a marine region of constant
water depth d (Figure 2). The array consists of identical WECs, which have either an oblate
spheroidal shape or a hemispherical shape (with a short cylindrical upper part close to the
waterline), as shown in Figure 3. The radius and the total draft of the WECs are denoted,
respectively, as ry and hy, with k = 1 corresponding to the dimensions of the oblate
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spheroidal WECs and k = 2 to those of the hemispherical-shaped devices. Each heaving
WEC is assumed to absorb power through a linear PTO mechanism, which is schematically
represented in Figure 2b as a linear damping system, with damping coefficient bpro;,
j=1,..., M. All WECs are distributed uniformly in a circular arrangement around the
monopile at a center-to-center radial distance equal to d,,4;,; and net radial distance equal
to dpet (Figure 2a). The monopile is modelled as a bottom-mounted, surface-piercing
circular cylinder of radius ry and of draft d (Figure 3). All bodies are subjected to the
action of monochromatic incident waves of circular frequency w and linear amplitude A,
which propagate at an angle j relative to the global horizontal X-axis (Figure 2a).

o9
.
WEC2 O ®e  Incident wave
direction
WEC1 0
! Monopile

iq

(a)
7 A
Z1A Zia
5311 < dradial >le dradia[ > ng,J
Mean Water T, d d r
Level (MWL) P k >ie net > P net > < k >
7 0 > 0 =
h, WEC1 X @ hy WEGj XX
PTO Bero i PTO Deroy
d Monopile
\ 4
(b)

Figure 2. Geometry of the examined problem and definition of basic quantities: (a) X — Y plane; (b) X — Z plane.
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Oblate spheroid

Cylindrical
upper part

Figure 3. Submerged parts of all examined bodies.

The hydrodynamic analysis of the WEC circular array around the monopile, in-
cluding the hydrodynamic interactions among all co-located bodies, is conducted in the
frequency domain and it relies on the BIE method (e.g., [30-32]), which is numerically
realized using WAMIT [33]. The analysis is based on a three-dimensional linear diffraction
theory, where the monopile is considered to be fixed at its position, while all WECs are
taken to undergo small amplitude oscillations only along the vertical z;-axis, i.e., along
their working direction (Figure 2b). Thus, for each WECj, j = 1,..., M, all degrees
of freedom, except the one corresponding to heave, are considered ideally restricted.
Assuming inviscid and incompressible fluid with irrotational flow, the fluid motion is
described by introducing the velocity potential. Its complex spatial part is defined as
follows [33,34]:

=

¢ = ((P1+(Ps)+iw2§é¢j (1)
¢D =1
_ @ cosh [k(Z + d)] o~ ik(Xcosp+Ysinp) )
w  cosh(kd)

where ¢; is the incident wave potential; ¢g is the scattered potential, related to the
scattered disturbance of the incident waves from the WECs and the monopile; ¢p denotes
the diffraction potential; and ?j j=1,..., M, correspond to the radiation potentials,
associated with the waves radiated from the WECs due to their forced motion in heave,
while é‘é, j=1,..., M, denote the complex amplitudes of the heave motions of the WECs.
Furthermore, g is the gravitational acceleration, k is the wave number, and 2 =—1.

The velocity potentials ¢, (9 = D or q = j) satisfy the Laplace equation everywhere
in the fluid domain, while, additionally, they are subjected to the following linearized
boundary conditions corresponding to the combined kinematic and dynamic free-surface
condition (Equation (3)), the bottom boundary condition (Equation (4)), and the Neumann
boundary conditions on the wetted surface of the bodies (Equations (5) and (6)) [33,34]:

09y  w?
oy
99D _
5, — 0 )
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%:né for j=1,..., M (6)
In Equation (6), n]3 denotes the normal unit vector of WEC] in the vertical direction.
Green’s theorem is employed to form the boundary integral equations for the un-
known diffraction and radiation potentials on the boundaries of all bodies (WECs and
monopile) and of the WECs, respectively. The corresponding first order boundary
value problem is then solved on the basis of the three dimensional low-order panel
method [33,34].
Having solved the aforementioned boundary value problem, we calculate the first-
order hydrodynamic forcing quantities as follows:

F = —iwp fj L, epds, I=1,2 (7)
b
Fé = —iwp fjsi, né(ppds, i=1,..., M (8)
i ) o
Ajj— aBij = pﬂsé nypids, i, j=1,..., M )

where F;, | =1, 2, is the surge and the sway exciting force respectively applied on the
monopile; Fi, i = 1,..., M, is the heave exciting force applied on each WECi; Ajjand Bj;
correspond to the added mass and radiation damping coefficients, respectively; S}’ is
the wetted surface of the monopile; n;, I = 1, 2, denote the normal unit vector on S’ in
the x and y directions, respectively; SZ is the wetted surface of the ith WEC; and p is the
water density.

The complex amplitudes of the WECs” heave motions, §j3, j=1,..., M, are, then,
obtained by solving the following linear system of equations:

M .
Y- [~w?(My + Ay) +iwo(By + BJTO) + Cyleh = F i=1,..., M (10)
=1

where M;; are the mass matrix coefficients; C;; are the hydrostatic-gravitational stiffness

coefficients; Aij and Bl-]- are the added mass and the radiation damping coefficients,

BPTO
if

respectively, as defined in Equation (9); and correspond to the damping coefficients

originating from the PTO mechanism. For a j" WEC of the array, this mechanism is
modeled as a linear damping system (Figure 2b), which is actuated by the heave motion
of the corresponding WEC and it has a damping coefficient bpro;. Thus, in Equation (10),
B0 =bprojfori=j=1,..., M, while Bf'® = 0 fori # j.
The heave response of each WEC is expressed in terms of the response amplitude
operator as
5

RAOL = 121 11
O3 = — (11)

where ’Cé‘ denotes the amplitude of the complex quantity Cé.

The mean power, p(w), absorbed by the whole array of the WECs at a given w is
obtained as

M
p(w) = 21 pi(w) (12)
=

where p;(w),j=1,..., M, correspond to the power absorbed by the 7™ WEC, calculated
using the following equation:

2| |?

pj(w) = 0.5bprojw ’53‘ (13)
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3. Characteristics of the Physical Problem Examined

The BIE-based numerical model described in Section 2 is applied for the case of a
monopile of radius g = 4.0 m and an array of M = 4 identical, semi-immersed WECs with
the layout shown in Figure 4. All bodies are placed in an area of constant water depth
d = 40.0 m. The oblate spheroidal WECs (Figure 3) have radius ; = 2.5 m and total draft
hy = 1.7 m. The corresponding dimensions of the hemispherical-shaped WECs (Figure 3)
are defined as equal to 7, = 2.0 m and /1, = 2.5 m (0.5 m correspond to the cylindrical
upper part), aiming at comparing different shaped WECs that have similar submerged
volumes, V, as well as similar heave natural frequencies, w,ﬂgo (Table 1). For a given
geometry, all WECs within the array are considered to have the same PTO characteristics;
thus, in Equation (10), BgTO = bpro fori = j = 1,..., 4. Furthermore, the constant
PTO damping coefficient, bprp, is appropriately tuned in terms of maximizing energy
absorption at the natural frequency of the corresponding single, isolated WEC. On the
basis of this and along the lines of [35], bpro is taken to be equal to the heave radiation
damping coefficient of a single, isolated oblate spheroidal or hemispherical-shaped WEC
at its heave natural frequency, w30, namely, bpro = B3° (w = w!3°). The values of
w!39 and bpro for both examined geometries obtained by the hydrodynamic analysis of
the corresponding single, isolated body are presented in Table 1. It is evident that the
existence of different hydrodynamic properties among the examined geometries lead to
different bprp values.

/

WEC1

Q WEC2
. Incident wave

WEC4

Figure 4. Examined layout of the array with M = 4 WECs.

Table 1. Geometrical and hydrodynamic properties of WEC geometries examined.

Geometry 71 (m) hy (m) \% C33 (kN/m) w%o (rad/s) bpro (kNs/m)
Oblate 25 17 22.150 197.076 2282 20.615
spheroid

Hemisphere 2.0 251 22.935 125.969 2.008 6.673

10.5 m correspond to the cylindrical upper
part.

For each WEC geometry, we, initially examine and assess the effect of the net ra-
dial distance of the array from the monopile, d;,t, and of the incident wave direction,
B (Figure 4) on the performance of the array under the action of regular waves, with w
varying between 0.02 and 4.5 rad /s. Regarding the net radial distance, seven different
values of d,. are examined (Table 2) for head incident waves (i.e., § = 0°, Figure 4),
while furthermore, representative results are compared with those of isolated arrays (i.e.,
without the monopile), aiming at illustrating more clearly the effect of the presence of
the monopile on the power absorption ability of the WECs. With regard to the incident
wave direction, we take three different values of 3, representing head and oblique waves,
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into account (Table 2) for d,,; = 0.125r( (oblate spheroidal WECs) and d;,,; = 0.25r)
(hemispherical-shaped WECs). Finally, the most efficient array configuration (WECs’ ge-
ometry and net radial distance) is chosen in order to further enhance its power absorption
ability by adjusting appropriately the damping coefficient of the linear PTO mechanism
along the examined frequency range (i.e., utilization of an “active” PTO mechanism).
In this case, the power absorbed by the array is assessed for both regular and irregular
waves with f = 45°. More details about this “active” PTO mechanism are cited in Section
4.4, where the corresponding results are presented.

Table 2. Examined cases for the array with M = 4 WECs.

Design Parameter WEC Geometry dyet (m) B )
Net radial distance Oblate spheroid, 0.125ry, 0.25ry, 0.5r¢, 0
(dpet) Hemisphere 0.757¢, 1.0ry, 1.2579, 1.57
Incident wave Oblate spheroid 0.1257 0. 225 45
direction (B) Hemisphere 0.25r9 L

4. Results and Discussion
4.1. Effect of Net Radial Distance on the Performance of the Array with Oblate Spheroidal WECs

The effect of the net radial distance of the oblate spheroidal WECs from the monopile
on the WECs’ non-dimensional (in terms of pgArtr;2) heave exciting forces is shown in
Figure 5, where the variation of F; for all WECs of the circular array is presented as a
function of w for all examined d,.; values. The symmetry of the array with respect to
B = 0° (Figure 4) leads to the same values of F; for the WECs situated in the seaward
side of the monopile (i.e., WEC1 and WEC4, Figure 4) as well as for those situated in the
leeward side of the bottom-mounted support structure (i.e., WEC2 and WECS3, Figure 4).
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Figure 5. Effect of d;e; on the non-dimensional heave exciting forces applied on the oblate spheroidal WECs placed around
the monopile for g = 0° : (a) WEC1 and WEC4; (b) WEC2 and WECS3.

Considering the WECs placed in the seaward side of the monopile (Figure 5a), the
variation of the non-dimensional heave exciting force for the smallest examined net radial
distance, dyer = 0.125r(, starts from the limiting value of ~ 1.00 at w = 0.02 rad/s and it
is characterized by an almost smooth plateau up to w ~ 1.2 rad/s, followed by a rapid
decrease up to w ~ 2.6 rad/s, where F3 obtains its first local minimum with a value
almost equal to zero. Then, F3 varies quite intensively and obtains two local maxima
at w ~ 2.8rad/s and w ~ 3.3 rad/s. A similar variation pattern is observed for the
rest of the d,,,; values examined. However, by successively increasing the WECs’ net
radial distance from the monopile, the extent of the aforementioned plateau is gradually
reduced, while the first local minimum obtains non-zero values and it is shifted at lower
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frequencies. This, in turn, leads to larger values of the first 3 local peak, which, moreover,
occur at lower wave frequencies. Overall, it can be stated that the placement of the array
close to the monopile (i.e., at dye; < 0.57)) leads to significant values of F3 at 0.02 rad/s
< w < 1.4 rad/s; however, at the same time, it results in a substantial decrease of F; at
2.0rad/s < w < 2.5 rad/s, where resonance phenomena of the oblate spheroidal WECs
are anticipated. The latter feature is not observed for d,,,; > 0.75r), where the relevant
diffracted disturbances induced by the WECs and the monopile, as physically interpreted
in the following paragraph, enable the formation of F3 peaks at 2.0 rad/s < w < 2.5
rad/s. Regarding WEC2 and WECS3 (Figure 5b), their placement in the leeward side of
the monopile, where shadow effects are induced by both the monopile and the seaward
WECs, results in a smoother variation of the heave exciting forces compared to those
applied on WEC1 and WEC4, while, moreover, the change of d,,.; has a small effect on the
values and the variation pattern of Fs.

Coming back to the characteristic I3 local minima observed in the case of the seaward
WECs (Figure 5a), their occurrence is attributed to the hydrodynamic interactions among
the WECs as well as between the WECs and the monopile. For physically interpreting
this, we take into account the spatial variation of the non-dimensional wave elevation,
np/ A, due to diffracted waves only. More specifically, Figure 6 shows the #p/ A spatial
variation indicatively for d,,.s = 0.125r) and 1.0r( calculated at —16 m < X <16 m and
—1l6m <Y <16 mand for w ~ 2.6 rad/s. At this frequency, F; of WEC1 and WEC4
obtains a characteristic local minimum for d,,,; = 0.125r(, while the opposite holds true
for dyer = 1.0rg (Figure 5a). In the case of the smallest examined d,,.; value (Figure 6a),
the variation pattern of 77p/ A in the seaward side of the monopile (i.e., at X > 0 m) is
quite smooth and is characterized by the existence of well-formed lengthwise zones along
the Y-axis, where 77p / A has values almost equal to zero. The positioning of WEC1 and
WEC4 within one of these zones leads in turn to the existence of an almost symmetric,
with respect to these WECs’ local horizontal axes, diffracted wave field around them, with
quite small 7p / A values. On the other hand, by placing WEC1 and WEC4 further from
the monopile (Figure 6b), the diffraction disturbances induced by WEC1, WEC4, and the
monopile are amplified in the seaward side of the monopile. As a result, a non-symmetric
diffracted wave field with significant #7p / A values is formed around WEC1 and WEC4.
All of the above advocate the existence of a very small F3 value for d;,.; = 0.125r( at
w ~ 2.6 rad /s contrary to dy.; = 1.0r¢, in absolute accordance with the results of Figure
5a.

np/A
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Figure 6. Spatial variation of the non-dimensional wave elevation, np /A, around the monopile and the oblate spheroidal
WECs at w = 2.6 rad/s and for B = 0° : (a) dyet = 0.125r; (b) dyer = 1.0rg.
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Continuing with the response of the oblate spheroidal WECs, Figure 7 shows the
effect of dyet on RAO;. In the case of WEC1 and WEC4 (Figure 7a), RAOj3 for all dy
values examined obtains a global peak at 1.0 rad /s< w < 1.5rad/s in absolute accordance
with the variation of the corresponding heave exciting forces (Figure 5a). The largest peak
value occurs for d,.; = 0.125r¢, while by gradually increasing d;, the peak values are
successively decreased, following the relevant trend of F5 (Figure 5a). For the four largest
examined d,.; values, a second RAO3 peak occurs at 2.0 rad/s < w < 2.5rad/s due to
resonance phenomena. However, this is not observed for d,,,; < 0.5r¢, due to the rapid
decrease of F; in this frequency range (Figure 5a) for the reasons previously explained.
For w > 2.5 rad/s, RAOs for all d,.; values shows an intense variation with successively
decreasing values towards higher frequencies. As for the WECs situated in the leeward
side of the monopile (Figure 7b), the change of d,,; has a small effect on the values and
the variation pattern of RAOs3, while for all d,,¢ values investigated, RAO3 varies quite
smoothly. These trends are in absolute accordance with those observed for the case of the
corresponding heave exciting forces (Figure 5b).
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Figure 7. Effect of dy,.; on the heave response of the oblate spheroidal WECs placed around the monopile for g = 0° :
(a) WEC1 and WEC4; (b) WEC2 and WECS3.

Figure 8 shows the effect of d,s on the mean power absorbed by each oblate
spheroidal WEC, p;(w) (Figure 8a,b), as well as on the mean power absorbed by the
whole array, p(w) (Figure 8c). When observing Figure 8a,b, one can easily realize the
direct dependence of p;(w), j = 1,..., 4, upon the heave responses (Figure 7), since

for a given jth WEC, the variation patterns of p; and RAO] are very similar. Regarding
WEC1 and WEC4, situated in the seaward side of the monopile (Figure 8a), it is evident
that up to w = 2.0 rad /s, these WECs show better absorption ability for small net radial
distances from the monopile (i.e., dyot < 0.5rp), whereas at higher frequencies (i.e., 2.0
rad/s< w < 2.5 rad/s), WEC1 and WEC4 are more efficient for d;,.; values larger than
0.5r¢. From a physical point of view, the above conclusions can be explained as follows.
For dyer < 0.5r9, the power absorption ability of the seaward WECs is not driven by
resonance phenomena, as large heave exciting forces and significant responses exist at
wave frequencies outside the range where WECs’ resonance occurs. However, the oppo-
site holds true for d,,.s > 0.75r), where the hydrodynamic interactions among the WECs
and between the WECs and the monopile do not impose any restrictions on the RAO;
amplification of the seaward WECs due to resonance. The WECs placed in the leeward
side of the monopile (Figure 8b) are not strongly affected by the change of d,.;. However,
for dyer = 1.57¢, they demonstrate a better power absorption ability at 2.0 rad/s< w < 2.5
rad/s, in absolute accordance with the variation of the corresponding heave response
(Figure 7b). Moreover, WEC2 and WEC3 show a reduced energy absorption ability com-
pared to WEC1 and WEC4; hence, the variation pattern of the mean power absorbed
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by the whole array, as shown in Figure 8c, is significantly affected by the features of the
power absorption curves related to the WECs situated in the seaward side of the monopile.
Consequently, regarding the effect of d;,.; on the power absorption ability of the whole
array, similar conclusions to those derived for WEC1 and WEC4 hold true.

Having this in mind, the results of Figure 8c illustrate that the placement of the
WECs at d,s = 0.125r leads to an array that shows the best power absorption ability
in the low examined frequency range among all examined d,; cases, with a p(w) peak
value approximately equal to 100 kW/m?2. Moreover, for this net radial distance, the
frequency range where adequate amount of power is absorbed is quite wide. These
features can be physically interpreted by using a similar rationale as in the case WEC1 and
WECH4 for dyer < 0.579. On the other hand, at higher wave frequencies, the array placed
at dyer = 1.51) from the monopile shows the best power ability among all examined
dnet cases, having a sharp p(w) peak with a value approximately equal to 150 kW /m?.
Although the latter value is larger compared to the corresponding one of 100 kW /m?
obtained for d,,; = 0.125r(, the placement of the WECs at d;,,s = 1.5r¢ results in a
more narrower frequency range, where adequate amount of power is absorbed. This is
attributed to the fact that for d,,.s = 1.57¢, the power absorption ability of the seaward
WECs and, thus, of the whole array is mainly driven by resonance phenomena. Taking
all the above into account, d,,.s = 0.1257( is chosen as the most appropriate net radial
distance for placing the oblate spheroidal WECs around the monopile and it is considered
for further investigation. This choice is also supported by the fact that most marine areas,
including those in the North Sea, where the proposed hybrid offshore wind and wave
energy exploitation system could be deployed, are mainly characterized by low-frequency
sea waves (e.g., [36]).
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Figure 8. Effect of d;;ot on the mean power absorbed by the oblate spheroidal WECs placed around the monopile for g = 0° :
(a) WEC1 and WEC4; (b) WEC2 and WECS3; (c) whole array.
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In order to illustrate more clearly the effect of the presence of the monopile on
the power absorption ability of the oblate spheroidal WECs, we made a comparison of
pj(w),j =1,..., 4, and p(w) for dyet = 0.125r9 with and without (i.e., isolated array)
the monopile. The corresponding results are shown in Figure 9. For WEC1 and WEC4
situated in the seaward side of the monopile (Figure 9a), the existence of the latter structure
positively affects their power absorption ability, since it leads to an ~ 15% increase of
the pj(w), j = 1 and 4, peak value, as well as to a much wider frequency range where
adequate amount of power is absorbed. This is attributed to the existence of larger heave

exciting forces of WEC1 and WEC4 at 1.0 rad/s < w < 2.0 rad/s, due to the diffraction
disturbances induced by the monopile, that, in turn, lead to larger heave responses of
these WECs (relevant results are not included here due to space constraints). However,
the shadow effects induced by the bottom-mounted cylinder reduce the power absorption
ability of the WECs situated in the leeward side of the monopile (Figure 9b) at almost
the whole examined frequency range. This in turn reduces at a small percentage (~ 8%)
the peak value of the power absorbed by the whole array compared to the isolated one
(Figure 9c). Nevertheless, the presence of the monopile enhances the power absorption
ability of the whole array at a quite wide frequency range (i.e,, 1.0 rad/s < w < 1.9

rad/s).
45 T T T T T T 25 T T T T T T
~~=-Isolated array ~==-Isolated array
40+ Array around /, \‘\ Array around
35- % the monopile 20+ /, \‘ the monopile |
!I \\‘ I,I \‘\
— 30 AW # “— j / \
£ 4 \4 & 151 7 | I
2 Br 2 / \ | 2 g \
% 20 // - \ = // \\
— - 4 -+ ~
& s \ 2 10- 7 \ ]
& 15 = T = Vs \
/ 3 J \
10- 7 N 1 <
/. \ 5r < A
¢’ N N
5 £ S -4 N
\ \~.
M AT ENS
0 : : : : : : : . . 0 : b b : : :
0 0.5 1 1.5 2 255 3 35 4 45 0 0.5 1 15 2 2:5 3 35 4 45
® (rad/sec) ® (rad/sec)
(a) (b)
120 r T T T T T
~==-Isolated array
110+~ >
L Y Array around
100 JA the monopile
90+ - 4 \l i
~ 80F r i | 1
é 70+ II “‘ 4
/
Z 60 i : 1
= \
’é\ 50+ # 1‘ A
Y ! !
40 3 W j
L /A \ |
30 4 v
4 kY
20 kel . |
10 L ¥ §
-——TN
0 : : : b 1 :

0 0.5 i 1:5 2 25 3

 (rad/sec)
(c)

Figure 9. Comparisonof the mean power absorbed by the oblate spheroidal WECs with and without (isolated array) the
monopile for B = 0° and d;,e = 0.125r¢ : (a) WEC1 and WEC4; (b) WEC2 and WECS3; (c) whole array.

Finally, it is interesting to demonstrate the effect of the presence of the oblate
spheroidal WECs on the hydrodynamic loading applied on the monopile. This is re-
alized with the aim of Figure 10, where the non-dimensional (in terms of p gArOZ) surge
exciting forces applied on the monopile for all d,,.; values examined are compared with
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those applied on the isolated (i.e., without the WEC array) monopile. It is evident that
the presence of the WECs, irrespective of their net radial distance from the monopile,
affects the surge exciting force of the bottom-mounted cylinder at w > 2.0 rad/s, since in
this frequency range, F; does not demonstrate a continuous smooth decrease as in the
case of the isolated monopile. From a physical point of view, this can be related to the
diffraction disturbances induced by the WECs, which are anticipated to be more pro-
nounced at higher frequencies (i.e., for shorter wave lengths) due to WECs’ geometrical
characteristics.

4.2. Effect of Net Radial Distance on the Performance of the Array with Hemispherical-Shaped WECs

For the array consisting of hemispherical-shaped WECs, we focus on the effect of
the net radial distance of the WECs from the monopile on the WECs” heave responses
(Figure 11) and on the power absorbed by them (Figure 12). With regard to the heave
exciting forces, similar conclusions can be drawn as in the case of the oblate spheroidal
WECs and, thus, relevant results are not included due to space constraints.
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Figure 10. Comparisonof the non-dimensional surge exciting forces applied on the monopile with
and without (isolated monopile) the oblate spheroidal WECs for g = 0°.
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Figure 11. Effect of d;,.; on the heave response of the hemispherical-shaped WECs placed around the monopile for g = 0°:
(a) WEC1 and WEC4; (b) WEC2 and WECS3.

With regard to the effect of d;; on the WECs” heave responses (Figure 11), RAO3
of WEC1 and WECH4 situated in the seaward side of the monopile (Figure 11a) obtains
a peak at 1.7 rad/s < w < 2.3 rad/s due to resonance phenomena for all d,,.; values
examined. The largest peak value is observed for d,,; = 0.125r), while the gradual
increase of dy.; leads successively to smaller RAO3 peak values. For the arrays with
dyet > 0.57(, a characteristic local minimum also occurs at 1.3 rad/s < w < 1.9 rad/s in
absolute accordance with the variation of the corresponding heave exciting forces. Finally,
for w > 2.3 rad/s, RAO; for all dy,.; values shows an intense variation with continuously
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decreasing values towards higher frequencies. As for WEC2 and WECS3 situated in the
leeward side of the monopile (Figure 11b), the change of d,.; has a small effect on the
values and the variation pattern of RAO;. Compared to the oblate spheroidal WECs
(Figure 7), the utilization of hemispherical-shaped WECs leads to larger RAO3; peak
values related to resonance phenomena. This is mainly attributed to the consideration
of a smaller bprp value for the hemispherical-shaped WECs (Table 1), as a result of their
intrinsic hydrodynamic characteristics (i.e., existence of smaller heave radiation damping
coefficients).
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Figure 12. Effect of d,;.; on the mean power absorbed by the hemispherical-shaped WECs placed around the monopile for
B = 0°: (a) WEC1 and WEC4; (b) WEC2 and WECS3; (c) whole array.

As for the power absorption ability of the hemispherical-shaped WECs, Figure
12 shows the effect of dyet on the mean power absorbed by each WEC, p;(w) (Figure
12a,b), as well as on the mean power absorbed by the whole array, p(w) (Figure 12c).
In general, the variation of p]-(w), j =1,..., 4, follows the variation pattern of the

corresponding RAO]3 (Figure 11). In the case of WEC1 and WEC4 (Figure 12a), it is
evident that the placement of these WECs at the smallest examined net radial distance
from the monopile (i.e., dyet = 0.125r)) leads to the largest pj(w) peak, with a value
approximately equal to 40 kW/m?. By increasing dy up to 1.0rg, a gradual decrease
of the p;(w) peak values occurs, while the opposite trend is observed for the largest
examined d,,.; values. Moreover, for d,.; > 0.57(, an intense decrease of pj(cu) occurs at
1l.1rad/s < w < 1.8 rad/s. For the WECs situated in the leeward side of the monopile
(Figure 12b) and contrary to WEC1 and WEC4, the increase of d;,.; up to 0.5r results
successively in larger power peak values, while the opposite trend occurs for the rest
examined d,.; values. Hence, the maximum energy absorption for WEC2 and WEC3 is
achieved for dy,+ = 0.570, where the p;(w) peak is approximately equal to 30 kW/ m?.
Moreover, for these two WECs, the frequency range, where adequate amount of power is
absorbed, becomes narrower compared to the case of WEC1 and WEC4.

Regarding the power absorbed by the whole array (Figure 12c), the placement of the
WECs at any of the three smallest examined net radial distances (i.e., d,er < 0.57() does not
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introduce any significant differences on p(w). Moreover, the aforementioned placement
leads to arrays that show the best power absorption ability compared to the rest of the
examined d,; cases, with a p(w) peak value approximately equal to 120 kW /m?. Taking
all the above into account and aiming at forming arrays that enable an adequate power
absorption ability for both the seaward and the leeward WECs, we chose d;,.; = 0.25r)
as the most appropriate net radial distance for placing the hemispherical-shaped WECs
around the monopile.

Finally, Figure 13 shows the effect of the presence of the monopile on the power
absorption ability of the hemispherical-shaped WECs for the case of d,.; = 0.25rg. In
the case of WEC1 and WEC4 (Figure 13a), the presence of the monopile in the leeward
side of these WECs results in an ~ 33% decrease of the p;(w), j = 1 and 4, peak value;
however, it enhances the power ability of WEC1 and WEC4 at 1.0 rad/s < w < 1.9 rad/s.
The shadow effects induced by the bottom-mounted cylinder reduce the power absorp-
tion ability of the WECs situated in the leeward side of the monopile (Figure 13b) at
1.1rad/s < w < 1.9 rad/s, while, moreover, they lead to an ~ 11% decrease of the pj(w),
j = 1and 4, peak value. As for the total power absorbed by the whole array (Figure 13c),
it is evident that the presence of the monopile negatively affects the power absorption
ability of the array, since it results in an ~ 20% decrease of the p(w) peak value.
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4.3. Effect of the Incident Wave Direction on the Power Absorption Ability of the Array

In this section, we examine the effect of the incident wave direction, 3, on the mean
power absorbed by the array consisting of oblate spheroidal WECs with d,.; = 0.125r¢
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and hemispherical-shaped WECs with d,,,; = 0.257(. It is recalled that for a given WEC
geometry, the aforementioned d,,.; value corresponds to the best net radial distance
for placing the WECs around the monopile in terms of power absorption ability. The
corresponding results are shown in Figure 14, where the variation of p(w) as a function
of w is presented for p = 0° (head waves), B = 22.5°%, and 45° (oblique waves). In the
case of the oblate spheroidal WECs (Figure 14a), the increase of  enhances the power
absorption ability of the array, while the exact opposite trend is observed for the array
with the hemispherical-shaped WECs (Figure 14b). Hence, for the oblate spheroidal
WECs, the action of oblique waves with § = 45° or “equivalently” the orientation of
the array in a manner that enables only one of the WECs to be situated in the seaward
side of the monopile leads to the best power absorption ability. On the other hand, the
array consisting of hemispherical-shaped WECs perform better under the action of head
incident waves (i.e., f = 0°) or “equivalently” when two WECs of the array are situated
in the seaward side of the monopile.
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Figure 14. Effect of B on the mean power absorbed by the array with (a) oblate spheroidal WECs and d,;s = 0.125rp;
(b) hemispherical-shaped WECs and d;,;; = 0.25r¢.

In addition to the above and aiming at determining the array configuration (WECs’
geometry and net radial distance) that shows the best power absorption ability, we
compare the power absorbed by the two aforementioned arrays (oblate spheroidal WECs
with dper = 0.125r¢ and hemispherical-shaped WECs with d,,; = 0.25r¢) for a given
incident wave direction. The relevant comparison is made with the aid of Figure 15. Under
the action of waves with g = 0° (Figure 15a), the array consisting of oblate spheroidal
WECs shows a smaller p(w) peak value compared to the array with the hemispherical-
shaped WECs. However, by deploying oblate spheroidal WECs, the frequency range,
where adequate amount of power is absorbed, becomes much wider. Indicatively, the
oblate spheroidal WECs absorb power larger than 80 kW/m? at 1.3 rad /s < w < 2.2rad/s,
which is a frequency range almost three times wider compared to the corresponding one
(1.8 rad/s < w < 2.1 rad/s) observed for the hemispherical-shaped WECs. Under the
action of oblique waves (Figure 15b,c), it is evident that the utilization of oblate spheroidal
WECs around the monopile enhances the power absorption ability of the array, since
compared to the hemispherical-shaped WECs, adequate power is absorbed at much
wider frequency ranges, while, moreover, larger p(w) peak values are observed. From
a physical point of view, this trend can be attributed to a better contribution of WEC4
and WEC3 (Figure 4) to the array’s power absorption ability in the case of the oblate
spheroidal WECs. More specifically, under the action of oblique waves, the hydrodynamic
interactions among the hemispherical-shaped WECs and between these WECs and the
monopile affect the heave exciting forces and the responses of WEC4 in a manner that
significantly reduces its power absorption ability (relevant results are not cited here due
to space constraints). Hence, the contribution of WEC4 to the power absorption ability of
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the array is smaller in the case of the hemispherical-shaped WECs compared to the oblate
spheroidal ones. Furthermore, it is evident that by increasing 8, the power absorption
ability of WEC3 increases for both examined geometries, since shadow effects induced
by the monopile are mainly observed for WEC2. However, as in the case of § = 0°, for
the oblate spheroidal device, the frequency range, where adequate power is absorbed, is
much wider compared to the hemispherical-shaped WEC.

Taking into account all the above, the array with the oblate spheroidal WECs situated
at dyer = 0.125r) around the monopile could be considered as the most efficient array
configuration in terms of power absorption ability among all cases examined in the
present paper.
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Figure 15. Comparisonof the mean power absorbed by the array with oblate spheroidal (d;,,s = 0.125r( ) and hemispherical-
shaped (d,er = 0.25r9 ) WECs for (a) B = 0°; (b) B = 22.5°; (c) B = 45°.

4.4. Power Absorption Ability of the Most Efficient Array Configuration by Utilizing an “Active”
PTO Mechanism

In all previous sections, the assessment of the performance of the array for different
WEC geometries, d,,.+ and 3 values, along with the determination of the most efficient
array configuration (WECs’ geometry and net radial distance) were implemented by
deploying a linear PTO mechanism of constant damping coefficient, bprp, appropriately
tuned in terms of maximizing energy absorption at the natural frequency of the corre-
sponding single, isolated WEC (i.e., bprp = Bégo (w = cufgo)). It is evident, however,
that the power absorption ability of an array configuration could also be enhanced by
adequately exploiting the characteristics of the PTO mechanism itself. Motivated by
this, in the present section, we investigate and assess the power absorption ability of the
most efficient array configuration defined in Section 4.3 (i.e., array with oblate spheroidal
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WECs and d,,,; = 0.125r¢) by utilizing a PTO mechanism (hereafter called “active” PTO
mechanism) of variable with frequency damping coefficient, bpro(w), which enables
the appropriate adjustment of its damping coefficient along the examined frequency
range. It is noted that the technology of an “active” damper is widely deployed in the
automotive industry, where the relevant contemporary technological advances facilitate
the adjustment of the damping coefficient within fractions of a second (e.g., [37-39]).

In order to determine the bprp(w) values of the “active” PTO mechanism along
the examined frequency range, we utilize the envelope of a family of power absorption
curves obtained for the case of the isolated oblate spheroidal WEC for various constant
bpro values. The corresponding results are shown in Figure 16a, where p(w) for the
isolated WEC is plotted for nine constant bpro values equal to B3 (w = w!30), with ¢
varying between 1.0 and 5.0 with a step of 0.5 (Table 3). As expected, the consideration of
bpro = BEP (w = w!30) results in the maximization of p(w) at w = w!3° = 2.282 rad/s.
However, the gradual increase of the aforementioned bpro value successively enhances
the power absorption ability of the isolated WEC at lower wave frequencies, since for
bpro = qBIO(w = ngO) and g # 1.0, larger p(w) peaks compared to the case of
bpro = B33 ( = w!39) occur at w < 2.282 rad/s. For example, by deploying a bpro
value equal to 5BC (w = w!39), the p(w) peak is increased by approximately 40% and it
occurs at w = 1.2 rad /s. It is noted that the bprp values of Table 3 are within the limits of
commercial dampers existing nowadays in the market (e.g., [40]), while, moreover, values
larger than 5B13° (w = w!3°) were not taken into account, since they did not lead to any
significant i 1ncrease of the WEC’s power absorption ability.
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Figure 16. Isolated oblate spheroidal WEC: (a) power absorption curves for bprop = qBISO (a) wflgo), qg =

1.0, 1.5, 2.0, 2.5, 3.0, 3.5, 4.0, 4.5, and 5.0; (b) envelope power curve representing the utilization of an “active” PTO
mechanism with bpro (w).

Table 3. Values of bprp = qBISO(w ergO) used for determining bpro(w) for the “active”
PTO mechanism.

q bpro (kNs/m)

1.0 20.615
1.5 30.923
2.0 41.230
2.5 51.538
3.0 61.845
3.5 72.153

4.0 82.460
4.5 92.768
5.0 103.075
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Having obtained the family of the nine power curves, we determined their envelope
(green curve in Figure 16b). This envelope curve represents the power absorbed by the
isolated oblate spheroidal WEC in the case of an “active” PTO mechanism, where the
variable with frequency bpro (i.e., bpro(w)) is appropriately tuned in terms of maximizing
energy absorption at a given incident wave frequency or at a given frequency range. The
advantage of this “active” PTO mechanism is twofold. Firstly, it gives the potential
to absorb adequate amount of power at a very wide frequency range. For example,
by utilizing the “active” PTO mechanism, the power absorption ability of the oblate
spheroidal WEC becomes larger than 25 kW/m? at 0.75 rad /s < w < 2.1 rad/s, contrary
to any of the nine cases, where a constant bprp was considered. Secondly, it leads
to the occurrence of the p(w) peak at lower wave frequencies, facilitating the efficient
employment of this WEC and, thus, of the proposed hybrid offshore wind and wave
energy exploitation system at marine areas characterized by low-frequency sea waves.

Having determined the bprp(w) values of the “active” PTO mechanism along the
examined frequency range, we applied this mechanism for the most efficient array con-
figuration consisting of oblate spheroidal WECs situated at dy,,s = 0.125ry around the
monopile in order to assess the array’s power absorption ability under both regular and
irregular waves of incident wave direction B = 45°. For regular waves, the corresponding
results are shown in Figure 17, where the power absorbed by the whole array in the case
of the “active” PTO mechanism (i.e., utilization of bpro(w)) is compared with the power
absorbed for a PTO mechanism of constant bprp equal to Bégo (w = wflgo). It is evident
that the utilization of the “active” PTO mechanism leads to a significant improvement of
the power absorption ability of the array, since it leads to an ~ 50% increase of the p(w)
peak and facilitates adequate power absorption at low wave frequencies.
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Figure 17. Comparisonof the mean power absorbed by the array with oblate spheroidal WECs and
dyet = 0.1257r9 under the action of regular waves with g = 45° by utilizing (a) a PTO with constant
bpro equal to BESO (w = w!50); (b) an “active” PTO with bpro(w).

Under the action of irregular waves, for a given sea state described by a spectrum
with significant wave height, H, and peak period, Tj, we obtain the power absorbed by
the array, p(Hs, Tp), using the following equation:

4
p(Hs, Tp) = ) pj(Hs, Tp) (14)
=1

where p;(Hs, Tp), j = 1,..., 4, is the power absorbed by the j™ WEC, calculated as
follows:

pi(Hs, Tp) :/o Sjonswap (w|Hs, Tp) pj(w)dw (15)
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In Equation (14), Sjonswap(w|Hs, Tp) is the spectral density of the JONSWAP
spectrum, which is deployed in the present paper for describing the incident waves,
while the symbol “|” is used to denote given values of Hs and T),. The spectral density
Sjonswap (w|Hs, Tp) is obtained by applying the following equation [41]:

—4 w—wy 2
Sionswap (w|Hs, Ty) = [1—02871n(7)] 15—6H52w;1,w’5 exp (-Z <:’) )f’xp (=05(%,) ) (16)
p

where wy, = 271/ Ty, 7 is the non-dimensional peak shape parameter equal to 3.3
and ¢ is the spectral width parameter equal to 0.07 for w < wy and 0.09 for w > wy. It
is noted that in Equation (15), pj(w) for each frequency component of the spectrum is
calculated using Equation (13), which corresponds to incident waves of unit amplitude.

The power absorption ability of the most efficient array configuration is assessed for
225 sea states (i.e., Hs and T, combinations), with H; varying between 0.5 m and 7.5 m with
a step of 0.5 m and T), between 3.0 s and 17 s with a step equal to 1.0 s. The corresponding
results are shown in Figure 18, where the contours of p for the aforementioned sea
states are plotted for the array with and without the utilization of the “active” PTO
mechanism. In the latter case (Figure 18a), the maximum value of p corresponds to 340
kW (H; = 7.5 m and T, = 4.0 s), while by utilizing the “active” PTO mechanism (Figure
18b), the maximum power absorbed by the array becomes equal to 535 kW (Hs =7.5 m
and T, = 4.0 s), representing an ~ 60% increase. One more important aspect to note is that
the power iso-contours for the array with the “active” PTO mechanism are much wider
along the T)-axis compared to the array, where the PTO mechanism has a constant bpro
value. This in turn illustrates that the array with the “active” PTO mechanism shows a
better power absorption ability for a larger number of sea states. Even for small Hs values,
the power absorption ability of the array is still maintained at adequate levels along the
examined T, range.
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Tp (sec) TP (sec)
(a) (b)

Figure 18. Comparisonof power absorbed by the array the oblate spheroidal WECs and d,;.; = 0.125r¢ under the action
of irregular wave with g = 45° by utilizing (a) a PTO with constant bpro equal to BI39 (w = w!39); (b) an “active” PTO
with bPTO (w)

5. Conclusions

In this paper, a frequency-based numerical analysis was implemented to investigate
the performance (hydrodynamic behavior and power absorption) of a circular array of
four semi-immersed heaving WECs distributed uniformly around a hybrid wind-wave
monopile support structure. Arrays consisting of oblate spheroidal and hemispherical-
shaped WECs were examined and compared, while focus was given to the effect of
characteristic design parameters (WECs’ net radial distance from the monopile, incident
wave direction, and PTO characteristics) on the power absorption ability of the array.
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The main conclusions of the present investigation for the specific WECs’ geometrical
characteristics and water depth conditions considered can be summarized as follows:

With regard to the effect of the net radial distance from the monopile on the array’s
power absorption ability, this effect depends strongly upon the examined frequency
range for the array consisting of oblate spheroidal WECs. Specifically, at low wave
frequencies, the aforementioned array shows the best power absorption ability by
placing the WECs at the smallest examined net radial distance (d,,.s = 0.125r(), while
at higher wave frequencies, the exact opposite trend is observed, namely, the best
power absorption ability occurs for the array placed at the largest examined net
radial distance (d,e; = 1.57p). This trend advocates the potential efficient utilization
of the oblate spheroidal WECs at marine areas characterized by either low-frequency
or high-frequency sea waves. It is noted, however, that for d,.; = 0.125r, the
frequency range where adequate amount of power is absorbed becomes quite wide.
This feature combined with constructability issues as well as with the fact that most
real sea states are characterized by low-frequency sea waves leads to the selection
of dyet = 0.125r¢ as the most appropriate net radial distance for placing the array
around the monopile. On the other hand, the array consisting of hemispherical-
shaped WECs shows the best power absorption ability when the WECs are situated
at small net radial distances from the monopile (i.e., for d;,; = 0.125r¢, 0.25r¢, and
0.5rp). The value of d;es = 0.25r( is considered the most appropriate net radial
distance for placing the array, since it facilitates adequate power absorption ability
for both the seaward and the leeward WECs.

The power absorption ability of the array with oblate spheroidal WECs and d ;. = 0.1257¢
is greatly improved under the action of oblique waves with f = 45°, while the
opposite trend is observed for the array with hemispherical-shaped WECs and
dnet = 0.251r), where the best power absorption ability occurs for head waves (i.e.,
B =0°).

The deployment of oblate spheroidal WECs around the monopile enhances the power
absorption ability of the array, since compared to the hemispherical-shaped WECs,
adequate power is absorbed at much wider frequency ranges, while, moreover, larger
power peak values may be observed depending upon the incident wave direction.
Hence, the array with the oblate spheroidal WECs situated at dy,.s = 0.125r( around
the monopile presents the most efficient array configuration (WECs’ geometry and
net radial distance) in terms of power absorption ability.

The utilization of an “active” PTO mechanism, facilitating the consideration of a
variable with frequency PTO damping coefficient, bpro(w), that maximizes en-
ergy absorption at a given incident wave frequency or at a given frequency range,
significantly enhances the power absorption ability of the array compared to the
deployment of a PTO mechanism with a constant bprp. For the most efficient array
configuration (i.e., oblate spheroidal WECs with d;,e; = 0.125rp), the deployment of
this “active” PTO mechanism under the action of oblique regular waves results in an
~ 50% increase of the power peak, as well as to a wider frequency range, extending
mainly towards lower frequencies, where adequate power absorption is achieved.
Positive conclusions are also derived in the case of irregular waves, since by utilizing
the “active” PTO mechanism, an ~ 60% increase of the maximum power absorbed
by the array occurs while, moreover, the array configuration shows a better power
absorption ability for a larger number of sea states.

The present investigation can be extended by appropriately coupling the hydrody-

namic model with an optimization algorithm, aiming at defining the optimum in terms of
power absorption maximization and array configuration (WECs’ geometry and net radial
distance) while utilizing an “active” PTO mechanism. Recalling that the WECs along
with the monopile present components of a bottom-mounted hybrid offshore wind and
wave energy exploitation system, it would also be interesting to analyze in time domain
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the performance of the whole system and assess the effect of the existence of the WECs
on the structural integrity of the monopile.
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