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Preface

It is our great pleasure to introduce this Special Issue of Materials, titled “New Trends in

Mechanical and Tribological Properties of Materials and Components.” The rapid advancement

of modern engineering systems, from transportation and energy to manufacturing, biomedical devices,

and robotics, has intensified the demand for materials and components capable of delivering high

mechanical reliability, a superior wear performance, and an extended service life. As industries strive

for higher efficiency, lower environmental impacts, and improved sustainability, research on tribology

and fatigue behavior has become crucial for guiding next-generation material design.

The characterization and optimization of advanced materials remain central themes. Many

contributions explore how tailored material design, surface engineering, and coating technologies can

fundamentally alter wear mechanisms, resistance to cyclic loading, and fatigue behavior under diverse

service conditions. By leveraging advanced characterization techniques, including high-resolution

microscopy, surface topography analysis, and mechanical testing across scales, authors dissect the

complex interactions between microstructure, surface state, loading conditions, and material response

that dictate performance limits and failure modes.

Enhancing the tribological performance and fatigue resistance of materials through surface

treatments and engineered coatings is another pivotal focus. These strategies, ranging from hard

ceramic layers to tailored tribo-films, not only reduce friction and wear but also significantly extend

component lifespan in challenging environments. The work collected here advances our understanding

of how specific surface modifications interact with base materials and external influences to mitigate

surface damage and delay crack initiation, thereby improving service life and operational reliability.

We are delighted to have received contributions that address these diverse, yet interconnected

topics, fostering a comprehensive perspective on what constitutes high performance in mechanical and

tribological behavior. The insights provided in this Special Issue, from fundamental mechanisms to

applied system performance, are highly relevant to both academic and industrial communities striving

to push the boundaries of material capabilities.

Finally, we extend our sincere gratitude to all authors for submitting their high-quality research, to

the reviewers for their thoughtful evaluations, and to the Materials Editorial Office for their unwavering

support. It is our hope that this collection not only showcases the latest scientific advances but also

inspires future research efforts that continue to elevate the understanding and application of materials

under mechanical and tribological demands.

Andrea Mura, Luigi Mazza, and Edoardo Goti

Guest Editors

vii





Article

Dynamic Testing of Materials for Galvanising Pot Roll Bearings
with Improved Performance

Giovanni Paolo Alparone 1,*, James Sullivan 1, Christopher Mills 2, James Edy 2 and David Penney 1

1 Department of Materials Engineering, Swansea University, Swansea SA2 8PP, UK
2 Tata Steel, Research and Development, Swansea Technology Centre, Swansea SA2 8PP, UK
* Correspondence: 2043556@swansea.ac.uk

Abstract: Galvanising pot roll bearings are subjected to severe deterioration due to the corrosion of
the bearing materials in liquid Zn, resulting in maintenance stops that can cost thousands of pounds
per hour in downtime. Dynamic wear testing in molten Zn-Al and Zn-Al-Mg was conducted to assess
the corrosion and wear resistance of three material pairs using a bespoke testing rig. The materials
investigated in this study were Wallex6TM coated with WC-Co, stainless steel 316L coated with Al2O3,
and as-received Wallex6TM and Wallex4TM alloys. It was found that only the Al2O3 coating remained
unreactive in Zn alloy, whereas the materials containing Co were corroded, as evidenced by the
formation of intermetallic compounds containing Al-Co-Zn-Fe. The results also highlighted that the
dissolution of the Co matrix and diffusion of Zn and Al from the bath occurred in Wallex6TM and
Wallex4TM. However, the diffusion of Zn into the WallexTM alloys was reduced by approximately
60% in the Zn-Al-Mg bath compared to Zn-Al. The wear scars were analysed to determine the wear
coefficient of the worn specimens. Out of the three material couplings investigated in this study,
minimal wear damage in both Zn-Al and Zn-Al-Mg was only obtained by pairing Wallex6TM with
Al2O3 coatings.

Keywords: ceramics; corrosion; wear testing; galvanising pot journal bearings; continuous galvanising;
galvanising pot hardware

1. Introduction

Continuous galvanising is a hot-dip process in which the strip steel is immersed in a
bath containing liquid Zn alloy of the desired composition. Automotive customers require
a ‘full finish’, high surface quality, which is important for visible parts that must be free
of imperfections [1]. As a result, the galvanised steel sheet demanded by the automotive
industry must have an excellent surface finish free from defects and with a controlled
surface roughness [2]. Recently, the use of Zn-Al-Mg coatings has become popular in the
automotive industry due to their potential to reduce fuel consumption via lightweighting,
as they require a lower thickness compared to Zn-Al coatings [3]. In addition to this,
automotive industries use Zn-Al-Mg coatings due to their excellent galling resistance [4,5].

During the immersion process in the hot-dip galvanising bath, the strip steel is guided
by the pot hardware, which includes the pot rolls and the roll journal bearings. In order
to produce galvanised products that meet the requirements of automotive customers, the
stability of the strip steel through the pot of liquid Zn alloy is important. Vibrations in
the strip, especially after exiting from the Zn pot and around the gas knives section of
the line, must be minimised to produce a high-quality product, as the gas knives control
the thickness of the coating. However, the materials of the pot roll bearing components,
namely the journal sleeve and bushing, react with the molten Zn alloy at temperatures
greater than 400 ◦C and the deterioration of the bearings induces vibrations in the strip as
it passes through the gas knives section of the line [6–9]. Therefore, to avoid quality issues,
the pot hardware must be changed and reconditioned, leading to downtime and loss of

Materials 2024, 17, 5837. https://doi.org/10.3390/ma17235837 https://www.mdpi.com/journal/materials1
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yield [10,11]. For this reason, increasing the lifetime of the bearings by suppressing the
reactions of the bearing materials with the Zn bath will enable the production window of
automotive-grade galvanised products to be extended, resulting in cost benefits for the
galvanising industry.

The properties of ceramic materials have been studied for developing bearings with
extended durability, due to their potential to resist the attacks of many molten metals at
high temperatures [12–16]. In previous work, the corrosion behaviour of Al2O3 coatings
was examined by conducting static immersion tests in liquid Zn-Al and Zn-Al-Mg [17].
The findings obtained in this study suggested that Al2O3 showed superior performance
in Zn-Al, compared to materials that have been traditionally used to make hardware
components, such as steel and Co-based alloys or coatings, which were found to be severely
corroded by the molten metal [7,18,19].

However, the corrosion behaviour of these materials was assessed under static con-
ditions. The behaviour of materials under dynamic conditions could differ from that
observed during static testing. In the dynamic situation, the pot hardware was exposed to
chemical attacks from the liquid metal and dynamic wear due to the sliding of the bearing
materials under load. It was demonstrated that the corrosion rates of materials in molten
metal can differ from those observed in static baths [20]. Previous studies attempted to
carry out dynamic tests on materials with potential use as pot-bearing materials in continu-
ous galvanising [21,22]. However, a limited selection of materials has been tested under
dynamic conditions; in addition to this, there is no evidence of dynamic tests conducted in
Zn-Al-Mg baths in the literature.

For this reason, the present work investigates the performance of three material
couplings tested under dynamic conditions in Zn-Al and Zn-Al-Mg using a bespoke
dynamic testing rig. These experiments were performed on a current configuration, which
coupled WC-Co coatings with Wallex6TM and two potential upgrades to the benchmark
configuration. The first of these potential upgrades involved replacing Wallex6TM with
Wallex4TM and the second potential upgrade consisted of pairing stainless steel (SS) 316L
coated with Al2O3 and Wallex6TM.

2. Materials and Methods

2.1. Materials

The specimens used in this study consisted of 20 mm diameter × 150 mm-coated
cylinders, which were tested against 25 × 50 × 10 mm pads. The three material couplings
chosen for dynamic testing are summarised in Table 1. Wallex6TM and Wallex4TM were
procured from Wall Colmonoy (Swansea, UK). WC-Co coatings were applied with a
thickness of 150 μm. Al2O3 coatings were applied to SS 316L bars with a thickness of 250 μm
via a high-velocity oxygen fuel (HVOF) thermal spray process, carried out externally by
Engineered Performance Coatings (Cardiff, UK). The reason for choosing thermal spraying
over other coating fabrication methods is that previous studies have shown that Al2O3
could be successfully deposited onto stainless steel [12]. The compositions of Wallex6TM

and Wallex4TM were provided by the supplier and are found in Table 2.

Table 1. Material couplings chosen for dynamic testing.

Material Pair No. Bar Material Pad Material

1 Wallex6TM coated with HVOF WC-Co Wallex6TM

2 Wallex6TM coated with HVOF WC-Co Wallex4TM

3 SS 316L coated with HVOF Al2O3 Wallex6TM
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Table 2. Composition of Wallex6TM and Wallex4TM.

Alloy %Fe %Cr %Ni %Mn %Si %Co %C %W %Mo

Wallex6 2.3 28.4 2.6 0.8 1 BAL 1.2 3.8 0.8
Wallex4 1.7 30.4 2.6 0.6 0.8 BAL 0.9 14.3 1.5

2.2. Experimental Procedure

The material pairs listed in Table 1 were mounted on a bespoke dynamic testing
rig, as shown in Figure 1. The rig enabled the testing of a round bar specimen that was
mounted on a shaft connected to an electric motor. The bar was capable of rotating up
to a speed of 300 RPM and it was allowed to slide against a static pad specimen with
a force of 60 N. The rig was equipped with a heated Zn pot so that the two specimens
could be submerged in molten metal. The pot was loaded with approximately 40 kg of Zn
alloy ingots. Each material coupling was tested in Zn-0.3wt%Al, also known as GI, and
Zn-1.5wt%Al-1.5wt%Mg bath compositions. The pot was set at a temperature of 465 ◦C,
which was monitored using thermocouples installed inside the pot. As the Zn melted,
dross formed on top of the bath, which was removed before starting the test. Once the
Zn was fully molten, the pot was raised so that the bar was just above the Zn level and
was held for 24 h to preheat the specimens and to minimise the effects of thermal shock.
Subsequently, the pot was raised to submerge the bar and the pad in liquid Zn and the lid
was closed. The bar was rotated in a clockwise direction at a speed of 300 RPM for 48 h.
After the test, the pot was lowered, and the specimens were removed from the holders.
Samples from the bar and the pad were cross-sectioned for characterisation. Images were
captured using a ZEISS (Oberkochen, Germany) EVO scanning electron microscope (SEM)
and a Hitachi (Tokyo, Japan) TM4000 desktop SEM, both equipped with backscattered
electron detectors (BSD). Energy Dispersive X-ray analysis (EDS) was performed using an
Oxford Instruments (Abingdon, UK) EDS detector with Aztec 6.1 software. The solidified
Zn was removed with 35% HCl on the pad specimens, which required measurement of the
volume loss. The displacement of the bar after 48 h of sliding was determined by measuring
the depth of the wear scar left on the pad specimen. The 3D maps of the wear scar were
generated using the Keyence VHX-7000 (Osaka, Japan) digital microscope. The volume
loss ‘V’ was obtained from the cross-sectional area and the length of the scar according to
Equation (1):

V = A × L, (1)

where ‘A’ is the measured cross-sectional area of the wear scar and ‘L’ is the length of the
specimen. The worn track section ‘A’ was determined using the digital microscope. The
total sliding distance ‘S’ was obtained by multiplying the sliding speed ‘v’ in [m/min] and
the duration of sliding ‘t’ in [min] (Equation (2)):

S = v × t, (2)

This value was subsequently used to calculate the wear coefficient ‘k’, as shown by
Equation (3) [23]:

k =
V

F × S

[
mm3/Nm

]
, (3)

where ‘F’ is the contact load and ‘S’ is the sliding distance.
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(a) Frame
(b) Motor
(c) Bar and pad system
(d) Controller

(e) Zinc pot
(f) Scissor lift trolley
(g) Chuck
(h) Pad holder

(i) Bar sample
(j) Pad sample

b

Figure 1. Bespoke dynamic testing rig showing the main components.

3. Results and Discussion

3.1. Imaging of As-Received Samples

Images were taken on the as-received samples before exposure to Zn-Al and Zn-Al-
Mg. Cross-sections were captured on as-received WC-Co/Wallex6TM (Figure 2a,b) and
Al2O3/SS 316L bar specimens (Figure 3). Figure 2b shows the microstructure of WC-Co
coatings, which is characterised by WC grains (bright contrast) surrounded by the Co
binder phase (dark contrast) [24]. The microstructure of Al2O3 coatings was described in
a previous work, where the same coatings were tested under static conditions [17]. The
as-received pad specimens, namely Wallex6TM and Wallex4TM, are shown in Figure 4a,b
and Figure 5a,b respectively.

(a) (b)

Figure 2. Cross-section of the as-received Wallex6TM bar coated with WC-Co (a); details of the WC-Co
coating (b). Please note the different magnifications.
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Figure 3. SEM image of the cross-section of high-velocity oxygen fuel (HVOF) Al2O3 coated onto the
surface of stainless steel (SS) 316 L.

(a) (b)

Figure 4. SEM images of the cross-sections of Wallex6TM captured at the interface (a) and in the bulk
of the material (b). Please note the different magnifications.

(a) (b)

Figure 5. SEM images of the cross-sections of Wallex4TM captured at the interface (a) and in the bulk
of the material (b). Please note the different magnifications.

Wallex6TM is the equivalent of Stellite 6 and is characterised by a Co solid solution
matrix phase (1), with Co, Cr, and W as the main constituents. EDS found that the average
element composition of this phase was Co (61.3 ± 0.8 wt.%), Cr (23.8 ± 0.6 wt.%), and
W (9.3 ± 1.5 wt.%), as shown in Figure 6. Two eutectic phases were observed in the Co
matrix phase: a primary CrCoWMo (2) phase and a secondary eutectic phase of CoWCr (3)

5
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(Figure 4b). The results of EDS elemental analysis showed that the primary eutectic phase
was composed of Cr (69.6 ± 7.8 wt.%), Co (17.3 ± 2.8 wt.%), W (10.6 ± 4.6 wt.%), and
Mo (1.4 ± Mo wt.%), with traces of Fe and Ni. The secondary phase mainly contained Co
(49.2 ± 8.1 wt.%), W (23.2 ± 8.4 wt.%) and Cr (21.6 ± 2.5 wt.%).

Figure 6. EDS phase elemental analysis of Wallex6TM. The numbers refer to the phases in Figure 4,
where (1) is the Co solid solution phase, (2) is the CrCoWMo phase and (3) the CoWCr phase.

The composition of Wallex4TM is similar to that of Wallex6TM. The SEM image showed
the presence of three different phases (Figure 5b). EDS analysis was conducted to determine
the composition of these phases, as shown in Figure 7. EDS revealed the presence of a
dark grey phase (1), that is a solid solution matrix phase containing Co (56.1 ± 0.4 wt.%),
Cr (27.8 ± 0.2 wt.%), W (11.8 ± 0.2 wt.%), Ni (2.7 ± 0.2 wt.%), and Fe (1.6 ± 0.1 wt.%).
In addition to this, two eutectic phases were present. The bright phase (2) was made
of W (57.0 ± 0.7 wt.%), Co (23.0 ± 0.7 wt.%), Cr (18.8 ± 0.2 wt.%), Ni (0.8 ± 0.0 wt.%),
and Fe (1.3 ± 0.1 wt.%), whereas the light grey phase (3) contained Co (44.9 ± 3.6 wt.%),
Cr (34.9 ± 2.7 wt.%), W (17.1 ± 1.1 wt.%), Ni (1.8 ± 0.1 wt.%), and Fe (1.3 ± 0.1 wt.%). It
was observed that the bright eutectic phase had a greater portion of W compared to the
Co-rich matrix; in addition to this, the composition of the dark grey phase was similar to
that of the matrix, with greater Cr and W content. The composition does not significantly
differ from Wallex6TM, as shown in Table 2; however, Wallex4TM was found to have lower
Co content (47.2 wt.%) and higher W additions (14.3 wt.%) compared to Wallex6TM, which
contained Co (59.1 wt.%) and W (3.8 wt.%).

Figure 7. EDS phase elemental analysis of Wallex4TM. The numbers refer to the phases in Figure 5,
where (1) is the CoCrW phase, (2) is the WCoCr phase and (3) the CoCrW phase.

6
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3.2. Dynamic Corrosion Testing

3.2.1. Wallex6TM with HVOF WC-Co and Wallex6TM

Figure 8 shows a cross-section of the WC-Co/Wallex6TM bar after 48 h of testing in
Zn-Al. The SEM image showed that the coating was not prone to damage after contact with
the static pad specimen. Cracks, as well as pores, can provide pathways for liquid Zn alloy
to penetrate the coating and corrode the base metal [16]. However, no reaction products
accumulated below the coating, highlighting that Zn did not diffuse into the base metal.
The integrity of the coating upon sliding with the Wallex6TM counterpart was linked with
the hardness of the material. WC is harder than Wallex6TM; it is known that the hardness of
spherical WC lies between 2100–2500 HV, which is significantly higher than the hardness
of Wallex6TM (400 HV) and Wallex4TM (570 HV) [25], suggesting that the WallexTM pads
could not inflict severe wear damage to the bar specimens.

Figure 8. SEM image of the WC-Co/Wallex6TM bar after testing in Zn-Al.

Although the WC-Co coating protected Wallex6TM from the attack of liquid Zn-Al, the
analysis of the cross-section revealed that intermetallic compounds formed on the contact
surface, as illustrated in the high magnification image (Figure 9). These compounds were
absent in the as-received specimen (Figure 2a). The results of the EDS phase elemental
analysis conducted in this region (Figure 10) showed that the intermetallic compounds are
Zn-based phases, which also contain Al (42.6 ± 0.9 wt.%) and Co (29.3 ± 0.9 wt.%), with
traces of Fe, W, and Ni. Previous studies reported the presence of intermetallic phases on
the surface of WC-Co coatings [26,27].

Figure 9. Higher magnification image of the intermetallic phases observed on the WC-Co coating
after testing in Zn-Al.

7
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Figure 10. EDS phase elemental analysis of the intermetallic compounds on the WC-Co coating
shown in Figure 9.

Co is known to have a strong affinity for Al present in the melt and, for this reason,
Co-Al particles can develop in liquid Zn baths containing Al [28]. In the present study, Co
is contained in the WC-Co coating of the bar specimen, as well as in the Wallex6TM pad. Co-
rich surfaces are known for being ideal sites for the attachment of intermetallic compounds
existing in the liquid metal bath [28,29]. Experiments were performed by Zhang [29] on
Stellite 6 bearings in GI, and it was found that Co-based aluminides were present on the
bushing surface as a result of the reaction between the wear particles generated during
testing and the Zn alloy bath. Therefore, the presence of aluminides illustrated in Figure 9
could be related to the adhesion of these particles to the coating surface. However, the
formation of Al-Co-Zn intermetallic compounds in WC-Co coatings is often the result of
the corrosion of the Co-rich matrix phase in the coatings by the Zn bath. As discussed by
Seong et al. [26] and Tani et al. [27], Co reacted with the Al present in the Zn bath due to
Co dissolution into the melt, leading to the formation of Al-rich compounds containing Co
and Zn.

The Wallex6TM pad was found to react with the molten metal bath, after exposure to
Zn-Al. Cross-sections of the specimens were analysed in the unworn region (Figure 11) and
they were compared to the as-received specimen (Figure 4). EDS point spectrum analysis
was performed to reveal the composition of the phases observed in this area (Figure 12).
The results clearly showed the presence of dross phases (2) within the top Zn phase (1)
and on top of the surface in contact with molten Zn-Al. These Zn-based intermetallic
compounds were found to mainly contain Al (45.9 ± 1.0 wt.%), Co (17.1 ± 1.2 wt.%), Fe
(14.5 ± 1.0 wt.%) and small amounts of Cr and W. Co has a strong affinity for Al and there is
evidence that the Co solid solution phase of Co-Cr-W alloys reacts with the Al contained in
liquid Zn baths [30]. The products of this reaction are CoAl particles forming on the sample
surface. The information obtained in the present study showed that Fe was contained in
the CoAl intermetallic compounds after testing in Zn-Al. This finding aligns with previous
studies, which reported that CoAl particles transformed to FeAl complexes, as the exposure
to liquid Zn alloy increased because of the presence of dissolved Fe in the Zn alloy [26,28].

A reaction layer developed beneath the surface of the sample that was found to mainly
contain Al-Zn-Co-Fe-Cr-W. Similar findings were obtained by Zhang [29] who reported the
formation of a layer of cobalt-based aluminides of Al-Co-Zn-Cr-Fe-W on the contact surface
of a Stellite 6 bearing after exposure to GI. In this study, the reaction layer was interrupted
by the CoCrWMo eutectic phases present in the alloy, meaning that the diffusion layer
did not form at locations where the eutectic phases were present. In Figure 11, (3) and
(4), respectively, denote the region within the subsurface reaction layer and the interface
between the reaction layer and the bulk of the alloy. It was observed that Al was present in

8



Materials 2024, 17, 5837

the reaction layer, whereas the Co content diminished (20.6 ± 3.8 wt.%) compared to the
unreacted Co-solid solution phase, as shown in Figure 6 (56.1 ± 0.4 wt.%). The Co content
was found to increase (37.7 ± 2.4 wt.%) in the vicinity of the interface with the Co-solid
solution phase, indicating that Co was depleted from the reaction layer below the surface.

Figure 11. Cross-section of Wallex6TM pad after testing in Zn-Al: (1) Zn phase, (2) intermetallic
particles, (3,4) diffusion layer.

Figure 12. EDS point spectrum analysis of the phases present in the Wallex6TM pad after testing in
Zn-Al. The numbers refer to the phases shown in Figure 11, namely the (1) Zn phase, (2) intermetallic
particles and (3,4) diffusion layer.

The experiment was repeated on as-received specimens in Zn-Al-Mg. The cross-section
of the WC-Co/Wallex6TM bar specimen was imaged (Figure 13) and it was observed that
particles of intermetallic compounds were present (Figure 14), showing similar behaviour
to Zn-Al. However, the results of EDS analysis (Figure 15) revealed that these particles
contained more Fe (18.5 ± 1.2 wt.%) than Co (12.9 ± 1.6 wt.%), whereas the intermetallic
particles grown in Zn-Al were richer in Co.

9
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Figure 13. Cross-section of the WC-Co/Wallex6TM bar specimen after exposure to Zn-Al-Mg.

Figure 14. Higher magnification image of the intermetallic phases observed on the WC-Co coating
after testing in Zn-Al-Mg.

Figure 15. EDS phase elemental analysis of the intermetallic compounds observed on the WC-Co
coating after exposure to Zn-Al-Mg.

10
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The present literature highlights that the solubility of Fe in liquid Zn alloy depends
on the Al content. In this experiment, the solubility limit corresponds to the maximum
quantity of Fe that can dissolve in the Zn bath with the addition of Al or Al and Mg. The
solubility limit of Fe in Zn-Al was determined from the experiments conducted by Tang [31]
and it is a function of temperature [32]. Figure 16 shows a phase diagram constructed for
the Zn-rich corner of the Zn-Al-Fe system, based on the more recent experiments conducted
by McDermid, et al. [33].

The diagram shows the Fe solubility limits for Al concentrations up to approximately
0.3 wt.% at 460 ◦C. The area under the Fe/Al solubility curve indicates the region where
Fe and Al remain in solution. It can be observed that this area decreases as the Al content
in the bath is increased. Intermetallic dross compounds between Fe and Al do not form
below the solubility limit. However, FeAl intermetallic phases form when the Fe solubility
is exceeded [9,34]. Al tends to react with Co dissolved in the melt at low Al contents [18].
Therefore, the strong affinity of Co for Al could explain the higher Co content in the
intermetallic phases observed for the Zn-Al bath with 0.3 wt.% Al.

Figure 16. Phase diagram showing the Zn-rich corner of the Zn-Al-Fe system at 460 ◦C. The diagram
illustrates the Fe solubility limit for Al concentrations up to ~0.3 wt.% Al [35].

The Zn-Al-Mg bath contains 1.5 wt.% Al and 1.5 wt.% Mg and it is reported that
the presence of Mg does not significantly alter the Fe/Al solubility in the phase diagram.
The area under the solubility line remains small as the Al content is increased from the
Zn-0.3wt.%Al composition to the levels encountered in the Zn-Al-Mg bath and the Fe
solubility is even smaller at higher Al content [34]. This information is supported by the
results reported in the present study, which showed that the Fe content in the intermetallic
phases detected after immersion in Zn-Al-Mg was higher by 17.1 wt.%.

The Wallex6TM pad was corroded in a similar fashion to the specimen immersed in
Zn-Al (Figure 17). CoAlZn intermetallic compounds grew on the surface of the material
(1) and a diffusion layer formed beneath the surface of the sample (2). The results of the
EDS analysis (Figure 18) showed that this reaction layer contained Al (35.1 ± 1.5 wt.%)
and Co (30.9 ± 5.3 wt.%), whereas, outside this layer, the composition changed to Co
(39.9 ± 2.4 wt.%) and Al (26.6 ± 2.9 wt.%), indicating Co depletion from the reaction layer,
as observed after exposure to the Zn-Al bath, confirming that the introduction of Mg
into the bath did not alter the corrosion behaviour of the materials present in the current
configuration.
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Figure 17. Cross-section of the Wallex6TM pad specimen after exposure to Zn-Al-Mg: (1) intermetallic
particles, (2,3) diffusion layer.

Figure 18. EDS point spectrum analysis of the phases present in Wallex6TM after exposure to Zn-Al-
Mg. The numbers refer to the phases shown in Figure 17, namely the (1) intermetallic particles and
(2,3) diffusion layer.

3.2.2. Wallex6TM with HVOF WC-Co and Wallex4TM

The first of the two potential upgrades to the benchmark configuration involved
replacing Wallex6TM with Wallex4TM. The bar specimen used in the experiment was again
coated with WC-Co applied via HVOF, as described in Section 2, Materials and Methods.
Figure 19 was captured on the WC-Co/Wallex6TM bar after sliding against the Wallex4TM

pad in Zn-Al. Similar behaviour to the bar specimens analysed previously can be observed.
The Wallex6TM base metal remained unreactive in Zn-Al, as the WC-Co coating prevented
exposure to the molten metal bath. No cracks or other signs of damage to the coating were
observed after the experiment. In a similar fashion to the coatings discussed in the previous
section, the image was compared to the as-received specimen (Figure 2) and it was observed
that a layer of intermetallic particles formed on the surface. The EDS phase elemental
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analysis (Figure 20) revealed the composition of the intermetallic particles, which contained
Al (48.6 ± 0.2 wt.%), Fe (18.6 ± 0.4 wt.%), Zn (17.6 ± 0.3 wt.%), and Co (13.5 ± 0.4 wt.%).

Figure 19. Cross-section of the WC-Co/Wallex6TM bar after dynamic testing against Wallex4TM in
Zn-Al.

Figure 20. Composition of the intermetallic phase present in the WC-Co coating after dynamic testing
with Wallex4TM in Zn-Al.

Several corrosion products were identified on the Wallex4TM pad specimen (Figure 21),
and the composition of the new phases was investigated (Figure 22). Intermetallic dross
phases were found on the surface of the alloy (1), which contained Al (44.2 ± 2.6 wt.%),
Co (23.4 ± 4.0 wt.%), Zn (22.3 ± 3.1 wt.%), and Fe (3.4 ± 1.0 wt.%). The results of EDS
showed that the composition of the dross was similar to that of the intermetallic particles
found on the bar specimen (Figure 19), although it contained 9.9 wt.% more Co and
15.2 wt.% less Fe. A subsurface reaction layer was still present (2), where both Al and
Zn were detected, and the Zn content was lower compared to the dross phase. The Co
and Cr content measured in this layer was found to be lower compared to the as-received
specimen (Figure 7). The results of EDS analysis showed that the reaction layer contained
Co (36.3 ± 7.0 wt.%) and Cr (2.9 ± 0.7 wt.%), whereas the solid solution phase of the
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as-received specimen contained Co (56.1 ± 0.4 wt.%) and Cr (27.8 ± 0.2 wt.%). Therefore,
the analysis suggested that the depletion of these elements from the reaction layer occurred.
Moreover, it was observed that the CoCrW eutectic phase present in Wallex4TM (Figure 5b)
reacted with the molten metal bath as highlighted in the EDS maps (Figure 23), which show
evidence of Al diffusion from the bath.

Figure 21. Cross-section of the Wallex4TM pad specimen after exposure to Zn-Al: (1) intermetallic
particles, (2) diffusion layer.

Figure 22. EDS analysis of the corrosion products in Wallex4TM after exposure to Zn-Al. The numbers
refer to the phases shown in Figure 21: (1) intermetallic compounds and (2) diffusion layer.

A similar corrosion behaviour was observed in the samples immersed in Zn-Al-
Mg. Figure 24 illustrates that reaction products developed onto the WC-Co coating
(1), which were found to mainly contain Al (45.3 ± 3.7 wt.%), Zn (19.4 ± 5.8 wt.%),
Co (11.7 ± 1.7 wt.%) and Fe (10.3 ± 1.2 wt.%), as shown in Figure 25. The reaction products
of this specimen formed a distinct layer, and their presence confirms that the Co matrix of
the thermal sprayed coating reacts with the elements present in the bath. No reaction with
Mg was detected, as observed in the benchmark configuration.
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Figure 23. EDS mapping of the elements present in Wallex4TM after testing in Zn-Al.

Figure 24. Cross-section of WC-Co/Wallex6TM after dynamic testing with Wallex4TM in Zn-Al-Mg.

Figure 25. EDS analysis on the reaction layer shown in Figure 24.
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Figures 26 and 27 show that AlCoZn dross was again present on the Wallex4TM pad
specimen (1); in addition to this, CoCrW particles were present within this layer (2), which
are likely wear debris from the alloy due to their composition. Al diffused into the Co solid
solution phase forming a subsurface reaction layer (3), as well as in the CoCrW eutectic
phases, in a similar fashion to the specimen tested in Zn-Al. The reaction layer was found
to contain Al (8.22 ± 4.5 wt.%) and only small amounts of Mg (∼0.1 wt.%).

Figure 26. SEM image of the Wallex4TM pad after dynamic testing in Zn-Al-Mg: (1) intermetallic
particles, (2) possible wear debris, (3) diffusion layer.

Figure 27. EDS analysis conducted on Wallex4TM after exposure to Zn-Al-Mg. The numbers refer to
the phases shown in Figure 26: (1) intermetallic particles, (2) possible wear debris, (3) diffusion layer.

Similarly, EDS elemental mapping showed that mostly Al diffused into the eutectic
phases from the molten metal bath (Figure 28). Overall, changing the bath from Zn-Al
to Zn-Al-Mg did not alter the interactions between the materials and the liquid metal
significantly. Wallex4TM was corroded in both baths and WC-Co reacted with Al. Moreover,
the corrosion behaviour of Wallex4TM showed similarities with Wallex6TM, due to the
similar chemical composition of the two alloys. The Co-rich solid solution phase of both
alloys was attacked by molten Zn and Al forming diffusion layers and, additionally, they
developed a layer of Co-Al-Fe-Zn intermetallic phases on the surface.
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Figure 28. EDS mapping of the elements present in Wallex4TM after testing in Zn-Al-Mg.

3.2.3. SS 316L with HVOF Al2O3 and Wallex6TM

Visual inspection of the bars tested in Zn-Al and Zn-Al-Mg (Figure 29) after extraction
from each molten metal bath evidenced clear signs of damage on the ceramic coatings,
leaving areas of the SS 316L specimen unprotected. Examination of the bar with SEM
after 48 h of testing in Zn-Al (Figure 30) confirmed that structural damage occurred in
the Al2O3 coating, as both vertical and horizontal cracks are present. These cracks were
not observed in the as-received specimen (Figure 3). The large horizontal crack in the
SEM image shows that the coating was forced to separate from the steel bar, in a similar
fashion to the mechanism observed during static testing. It was shown in a previous study
that cracks and spallation of the coating can be linked to stresses developing due to the
large thermal expansion mismatch between Al2O3 and SS 316L [17]. The CTEs recorded
at ∼465 ◦C for Al2O3 and SS 316L were 8.2 × 10−6 and 21.2 × 10−6 K−1 respectively
and it is believed that this difference resulted in the formation of cracks during dynamic
testing. However, despite suffering from significant damage, the ceramic coatings remained
completely inert to Zn-Al. No evidence of Zn penetration through cracks and pores was
observed during the examination of the cross-sections with SEM and, as a result, reaction
products did not accumulate below the coating. Therefore, these observations exclude
that the breakdown of the coating occurred due to the build-up of corrosion products on
the base metal, suggesting that the coating spalled due to the large thermal expansion
mismatch, as discussed. The surface of the coating was free from dross phases, which were
observed to build up on WC-Co. This observation agrees with the findings obtained under
static conditions in Zn-Al [17].

The performance of Wallex6TM was analogous to that observed in the benchmark
configuration. Figure 31 shows that intermetallic particles of Al-Co-Zn-Fe composition are
present on the surface of the alloy (1). Furthermore, a subsurface reaction layer developed,
and the results of EDS point spectrum analysis (Figure 32) confirmed that Al was contained
within this layer (37.2 ± 1.0 wt.%) and at the interface with the Co-solid solution phase of
Wallex6TM (23.4 ± 1.3 wt.%), which are, respectively, indicated as location (2) and (3) in
Figure 31. This result confirmed that Al diffused from the melt into the alloy. In addition to
this, the amount of Co at location (2) is lower (19.7 ± 0.5 wt.%) relative to the as-received
sample (47.2 wt.%). On the other hand, at location (3), a Co content closer to that present in
the bulk of the material was detected (39.8 ± 3.1 wt.%), suggesting that Co depletion from
the diffusion layer occurred.
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Figure 29. Visual inspection of the bar specimens tested in Zn-Al (left) and Zn-Al-Mg (right).

Figure 30. Cross-section of the Al2O3/SS 316L bar after dynamic testing in Zn-Al.

Figure 31. SEM image of the Wallex6TM pad after dynamic testing with SS 316L/Al2O3 in Zn-Al:
(1) intermetallic particles, (2,3) diffusion layer.
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Figure 32. Composition of the phases present in Wallex6TM after dynamic testing with SS 316L/Al2O3

in Zn-Al. The numbers refer to the phases shown in Figure 31, namely the (1) intermetallic particles
and (2,3) diffusion layer.

The specimens immersed in Zn-Al-Mg showed similar corrosion behaviour. The
findings obtained in the previous study, in which the same Al2O3 coatings were tested
under static conditions for 5 weeks, highlighted a possible reduction of Al2O3 by the Mg
present in the molten metal bath [17]. However, under dynamic conditions, the SS 316L
bar with Al2O3 coating remained completely unreactive after exposure to Zn-Al-Mg, as
no dross build-up layer was present on the ceramic coating (Figure 33). This behaviour is
believed to be linked to the shorter immersion times used in the present work.

Figure 33. Cross-section of the Al2O3/SS 316L bar after dynamic testing in Zn-Al-Mg.

The Wallex6TM pad specimen reacted with the liquid metal bath in a similar fashion to
the samples characterised previously. Within the unworn region, dross intermetallic phases
are deposited onto the surface. Figure 34 shows two types of reaction products: (1) a CoAl
phase containing Zn (16.3 ± 1.1 wt.%) and (2) a different CoAl phase with lower content of
Zn (1.6 ± 0.3 wt.%). Co depletion from the diffusion layer occurred, as shown by the results
of EDS analysis (Figure 35), which was carried out at the interface with molten metal (3)
and the interface between the subsurface reaction layer and the bulk of the material (4).
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Figure 34. SEM image of the Wallex6TM pad after dynamic testing with SS 316L/Al2O3 in Zn-Al-Mg:
(1,2) intermetallic particles, (3,4) diffusion layer.

Figure 35. Composition of the phases in Wallex6TM after dynamic testing with SS 316L/Al2O3 in
Zn-Al-Mg. The numbers refer to the phases shown in Figure 34, which were detected within the (1,2)
intermetallic particles and (3,4) diffusion layer.

3.2.4. Effect of Changing Bath Composition

Overall, the results of the dynamic corrosion tests showed that the ceramic coating
was the only material that remained inert during the 48 h of dynamic testing. It showed
better performance compared to the WC-Co coatings, whose Co matrix reacted with the
molten metal bath forming intermetallic compounds at the interface with the molten metal.
Although previous studies highlighted that baths with Al content above 0.3 wt.% reduced
the corrosion rate of WC-Co [26], the results of the present study showed that the coatings
corroded both in Zn-Al and Zn-Al-Mg to a similar extent. The two Co-based alloys, namely
Wallex6TM and Wallex4TM, were severely corroded after exposure to molten metal. The
reactivity of Wallex4TM was found to not significantly differ from that of Wallex6TM, due to
their similar chemical composition. Therefore, it did not show superior performance at the
chosen testing conditions. The introduction of Mg did not affect the corrosion behaviour of
the coupling pairs with the surrounding environment.
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However, in order to investigate the effect of the higher Al content in Zn-Al-Mg, the
amount of Al, Co, and Zn contained within the reaction layers of the pad specimens was
tabulated for both Zn-Al (Table 3) and Zn-Al-Mg (Table 4). Figures 36 and 37 show the
concentration of these elements and the thickness of the diffusion layers, respectively. It
was observed that the content of Al within the reaction layer decreased after changing bath
composition from Zn-Al to Zn-Al-Mg. On the other hand, the reaction layers contained
more Co, suggesting that less depletion of Co from these layers occurred in the Zn-Al-Mg
baths. Furthermore, it was noticed that the WallexTM pads contained less Zn (~60 %) in the
reaction layers after exposure to Zn-Al-Mg compared to the Zn-Al bath, suggesting that
the diffusion of Zn into the alloys diminished at higher Al concentration. An analogous
behaviour was observed on SS 316L specimens tested in an earlier study, due to the
inhibition of the reaction between the SS 316L and the molten Zn in the bath [36]. A
decrease in the depth of the diffusion layer was also observed in Wallex6TM, as shown in
Figure 37, although no significant changes were detected in Wallex4TM.

Table 3. The main composition of the reaction layers of the pads after testing in Zn-Al.

Coupling Pair Pad Material Al [wt.%] Co [wt.%] Zn [wt.%]

Wallex6TM/WC-Co vs.
Wallex6TM Wallex6TM 37.3 ± 1.2 20.6 ± 3.8 23.3 ± 5.1

Wallex6TM/WC-Co vs.
Wallex4TM Wallex4TM 28.6 ± 3.2 36.3 ± 7.0 12.0 ± 3.6

SS 316L/Al2O3 vs.
Wallex6TM Wallex6TM 37.2 ± 1.0 19.7 ± 0.5 22.8 ± 0.5

Table 4. The main composition of the reaction layers of the pads after testing in Zn-Al-Mg.

Coupling Pair Pad Material Al [wt.%] Co [wt.%] Zn [wt.%]

Wallex6TM/WC-Co vs.
Wallex6TM Wallex6TM 35.2 ± 1.5 30.9 ± 5.3 10.0 ± 6.2

Wallex6TM/WC-Co vs.
Wallex4TM Wallex4TM 8.2 ± 4.5 40.8 ± 1.0 5.0 ± 3.4

SS 316L/Al2O3 vs.
Wallex6TM Wallex6TM 33.2 ± 1.0 23.8 ± 1.6 9.8 ± 0.3

Figure 36. Composition of the diffusion layers developed in the pads for each material pair.
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Figure 37. The average thickness of the diffusion layers developed in the pads for each material pair.

3.3. Wear Scar Analysis

The bar displacement and the wear coefficient of each pad specimen after 48 h were
calculated according to the procedures previously outlined in Section 2. Materials and
Methods. The results are summarised in Table 5 for Zn-Al and Table 6 for Zn-Al-Mg. These
values are plotted in Figure 38. Moreover, the percentage change of these parameters after
changing the bath from Zn-Al to Zn-Al-Mg was calculated (Table 7).

Table 5. Wear coefficient and displacement after testing in Zn-Al.

Coupling Pair Pad Material
Wear Coefficient k ×
10−6 [mm3N−1m−1]

Displacement [mm]

Wallex6TM/WC-Co vs.
Wallex6TM Wallex6TM 26.3 0.80

Wallex6TM/WC-Co vs.
Wallex4TM Wallex4TM 30.9 1.01

SS 316L/Al2O3 vs.
Wallex6TM Wallex6TM 9.7 0.46

Table 6. Wear coefficient and displacement after testing in Zn-Al-Mg.

Coupling Pair Pad Material
Wear Coefficient k ×
10−6 [mm3N−1m−1]

Displacement [mm]

Wallex6TM/WC-Co vs.
Wallex6TM Wallex6TM 4.5 0.21

Wallex6TM/WC-Co vs.
Wallex4TM Wallex4TM 1.3 0.10

SS 316L/Al2O3 vs.
Wallex6TM Wallex6TM 3.6 0.21

Table 7. Effect of changing bath composition on the wear coefficient and displacement.

Coupling Pair Pad Material
Percentage Decrease

Wear Coefficient
Percentage Decrease

Displacement

Wallex6TM/WC-Co vs.
Wallex6TM Wallex6TM 83% 74%

Wallex6TM/WC-Co vs.
Wallex4TM Wallex4TM 96% 90%

SS 316L/Al2O3 vs.
Wallex6TM Wallex6TM 63% 54%
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(a)

(b)

(c)

Figure 38. Three-dimensional (3D) imaging of the wear scars produced on the specimens tested
in Zn-Al: (a) Wallex6TM after sliding with Wallex6TM/WC-Co; (b) Wallex4TM after sliding with
Wallex6TM/WC-Co; (c) Wallex6TM after sliding with SS 316L/Al2O3. Deep scars formed after contact
with the WC-Co-coated bars, whereas a more superficial scar formed after contact with the Al2O3-
coated bar specimen.

The results of the wear tests conducted in Zn-Al highlighted that Al2O3/SS 316L had
the lowest value of displacement (0.46 mm) and inflicted the lowest wear damage on its
counterpart (k = 9.7 × 10−6 mm3N−1m−1). The hardness of the materials in the current
bearing configuration was previously measured by Faulkner [25]. It was found that the
hardness of WC was between 2100–2500 HV, which is significantly higher than the hardness
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of Wallex6TM (400 HV) and Wallex4TM (570 HV). As a result, it is believed that the WC-Co
coatings inflicted severe wear damage to their softer counterparts on the contact surface,
due to the greater hardness of the WC particles. This observation aligns with the findings
of Zhang [37], who reported that WC particles could easily scar the surface of Stellite alloys.
The hardness of Al2O3 was measured to be approximately 1680 HV [17] and, therefore, it
inflicted less wear damage on its counterpart.

However, previous studies demonstrated that the wear process of materials in liquid
Zn is complex, due to the chemical reactions with the molten metal bath and the complexity
of the intermetallic compounds. For this reason, surface damage or removal of materials
during sliding contact can involve multiple mechanisms. It is reported that wear debris
can form following the breakup of the materials as well as of the intermetallic compounds.
Wear debris was found to react with the elements present in the molten metal, forming
particles that could easily plough the contacting surfaces [37,38]. In this work, the CoAl
phases observed on the surface of WC-Co were absent on the Al2O3 coating, due to the
inertness of the ceramic material. The CoAl phase is hard and can groove the bearing
surfaces [30]. For this reason, it is theorised that the absence of Co-based aluminides on
the Al2O3 coating contributed to reducing the wear damage on the Wallex6TM counterpart.
Figure 38 illustrates a comparison of the wear scars after testing in Zn-Al with 3D imaging.

The measurements of displacement and wear coefficients obtained for the specimens
tested in Zn-Al-Mg revealed that the Wallex4TM pad exhibited the highest wear resistance
(0.1 mm displacement, k = 1.3 × 10−6 mm3N−1m−1), although less wear damage was
observed in all the pad specimens immersed in Zn-Al-Mg compared to Zn-Al, as shown
in Table 7. Similar reaction products formed in the two molten metal baths; however, the
composition of the reaction layers formed at high Al concentration was found to vary
from that measured on the samples tested in Zn-Al. It was earlier explained that the
Wallex6TM and Wallex4TM pads tested in Zn-Al-Mg exhibited less corrosion by molten
Zn after 48 h of exposure to the liquid metal. It is reported that during the rotation of
submerged pot roll bearings, cracks initiate in the reaction layer and at its interface with the
bulk of the material. This process is followed by the detachment of the corrosion products
and the bearing materials, resulting in the formation of wear debris, which can inflict
further damage to the contact surfaces [37]. Therefore, it is plausible that the specimens
submerged in Zn-Al-Mg displayed less wear damage due to their limited corrosion relative
to the Zn-Al bath, which reduced the likelihood of breakage of the corrosion products
and, consequently, the rate of material removal at the testing conditions chosen for the
experiments. The higher wear resistance exhibited in Zn-Al-Mg can be visualised with the
3D images of the contacting surfaces (Figure 39).

 
(a) 

Figure 39. Cont.
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(b) 

 
(c) 

Figure 39. Three-dimensional (3D) imaging of the wear scars produced on the pad specimens tested
in Zn-Al-Mg: (a) Wallex6TM after sliding with Wallex6TM/WC-Co; (b) Wallex4TM after sliding with
Wallex6TM/WC-Co; (c) Wallex6TM after sliding with SS 316L/Al2O3. The scars are more superficial
compared to those formed in the Zn-Al bath.

4. Conclusions

Dynamic wear testing in molten Zn-Al and Zn-Al-Mg was conducted to assess the
corrosion behaviour and wear resistance of three material pairs using a bespoke wear
testing rig. The following were conducted:

• WC-Co coatings protected the underlying Wallex6TM base metal from the attack of
liquid Zn alloy, although they developed intermetallic compounds which mainly
contained Al-Co-Zn-Fe.

• Al2O3 coatings remained completely inert in liquid Zn alloy. Cracking and spallation
occurred due to the large thermal expansion mismatch with the underlying SS 316L
base metal.

• Wallex6TM and Wallex4TM were severely corroded in molten metal, showing evidence
of Zn and Al diffusion within 5–15 μm from the surface.

• Changing the bath chemistry from Zn-Al to Zn-Al-Mg reduced the diffusion of Zn
into Wallex6TM and Wallex4TM by approximately 60%, leading to less wear damage.

• Out of the three material couplings investigated in this study, minimal wear damage in
both Zn-Al (k = 9.7 × 10−6 mm3N−1m−1) and Zn-Al-Mg (k = 3.6 × 10−6 mm3N−1m−1)
was only obtained by pairing Wallex6TM with Al2O3/SS 316L.

The results of dynamic testing confirmed that the introduction of ceramic materials has
the potential to improve the performance of galvanising pot roll bearings. However, future

25



Materials 2024, 17, 5837

research should focus on reducing the thermal expansion mismatch to prevent cracking in
the ceramic coatings.
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Abstract: Reducing CO2 emissions is one of the major challenges facing the modern world. The
overall goal is to limit global warming and prevent catastrophic climate change. One of the many
methods for reducing carbon dioxide emissions involves capturing, utilizing, and storing it at the
source. The Carbon Capture in Molten Salts (CCMS) technique is considered potentially attractive
and promising, although it has so far only been tested at the laboratory scale. This study evaluates
the wear of the main structural components of a prototype for CO2 capture in molten salts—a device
designed and tested in the laboratories of AGH University of Kraków. The evaluation focused on a
gas barbotage lance and a reactor chamber (made from Nickel 200 Alloy), which were in continuous,
long-term (800 h) contact with molten salts CaCl2-CaF2-CaO-CaCO3 at temperatures of 700–940 ◦C
in an atmosphere of N2-CO2. The research used light microscopy, SEM, X-ray, computed tomography
(CT), and 3D scanning. The results indicate the greatest wear on the part of the lance submerged
in the molten salts (3.9 mm/year). The most likely wear mechanism involves grain growth and
intergranular corrosion. Nickel reactions with the aggressive salt environment and its components
cannot be ruled out. Additionally, the applied research methods enabled the identification of material
discontinuities in the reactor chamber (mainly in welded areas), pitting on its surface, and uneven
wear in different zones.

Keywords: CO2 capture; molten salts; CCMS process; CCS/CCU technologies; NDT methods

1. Introduction

Carbon dioxide is one of the greenhouse gases responsible for the increase in Earth’s
average temperature and the resulting global warming [1–4]. The primary sources of CO2
emissions into the atmosphere are the energy, transportation, and industrial sectors, which
rely on fossil fuel combustion. In the pursuit of climate neutrality, reducing CO2 emissions
across all areas of economic activity, as well as removing it where reduction is challenging,
plays a crucial role. By reducing CO2 emissions to the atmosphere and shifting to zero-
emission energy sources, we can prevent the future catastrophic effects of climate warming
on our planet [5]. There are four ways to reduce carbon dioxide emissions [6]:

• Limiting the use of fossil fuels (improving energy conversion efficiency, reducing
energy demand, and using renewable energy sources);

• Increasing the use of green hydrogen;
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• Replacing fossil fuels with gaseous fuels;
• Reducing deforestation, thereby storing more CO2 in biomass;
• Capturing CO2 generated from fuel combustion in power plants and other industrial

processes and storing it in suitable geological formations (CCS—Carbon Capture and
Storage) and/or using it to enhance oil recovery (EOR—Enhanced Oil Recovery).

The Intergovernmental Panel on Climate Change (IPCC) consistently includes CCS
technologies as one of the pathways for mitigating CO2 emissions, in line with the goals
set by the Paris Agreement [7]. The main contribution of CCS technologies to achieving
climate neutrality lies in their potential to reduce emissions in heavy industries that are
considered hard to abate (i.e., where emission reduction is technologically very challenging)
and their applicability to existing production facilities.

The primary carbon capture technologies are categorized based on the point at which
the capture process occurs relative to combustion. These include pre-combustion cap-
ture, post-combustion capture, and oxy-fuel combustion capture [8]. Post-combustion
capture is considered the most practical approach to reducing carbon dioxide emissions
from the perspective of existing CO2-emitting installations. Pre-combustion and oxy-fuel
combustion capture present challenges such as infrastructure requirements, severe cor-
rosion, and high maintenance and servicing costs [9]. Post-combustion capture methods
can be divided into adsorption, absorption, and membrane separation [9]. Currently, the
most mature technology for capturing CO2 from industrial processes is absorption. In this
method, CO2 molecules are dissolved in liquid solvents such as amines (monoethanolamine,
diethanolamine, diethylenetriamine), hot potassium and potassium carbonates, chilled
ammonia, and ionic liquids. Among these, amine-based systems are the most advanced
and widely used [10]. However, according to [11], relying solely on a single technology
based on chemical reactions for CO2 capture is impractical due to the enormous scale of
existing emissions. Therefore, every developed and implemented technology contributing
to CO2 emission reductions is essential. Currently, calcium looping is considered a critical
technology for industrial decarbonization (though not fully commercialized), particularly
in the cement industry [12]. This method is based on the reversible reaction of CaO with
CO2 to form CaCO3, as illustrated in Equation (1) [13–16]:

CaO(s) + CO2(g) � CaCO3(s) (1)

Thermodynamic data [17] for the above reaction indicate that the change in Gibbs
free energy equals zero at 886 ◦C. At this temperature, the pressure of the CO2 reaches
1 atm. Since the reaction is reversible, its direction can be altered by raising or lowering the
temperature, thus enabling the capture or release of carbon dioxide from the solid product.
The captured carbon dioxide can then be transported to a storage site, used for Enhanced Oil
Recovery, or converted into chemical feedstock. Carbon capture in molten salts (CCMS) is
based on the same principles as CaL but with the active substances (CaO/CaCO3) dissolved
or partly dissolved in molten salts. This approach allows for faster reaction kinetics and
higher CO2 sorption capacity and helps avoid issues with solid attrition [18]. Moreover,
CO2 absorption reactions are exothermic, which suggests that the capture process could be
thermally self-sufficient. There is also the potential for heat recovery during the cooling
of molten salts from the desorption process, which are then directed back to absorption.
Energy consumption in the process is estimated at 8.8 GJ/tCO2 [19]. Importantly, the
CCMS technology can be applied to existing CO2-emitting installations without interfering
with their structure. The concept of the CCMS process is shown in Figure 1.

The process was experimentally investigated in a single-chamber reactor, involving
the passage of an N2−CO2 (15 vol. % CO2) gas mixture through molten salts based on
chlorides and fluorides [18,20,21]. Molten salts with a eutectic composition of CaF2−CaCl2
(13.8 wt. % CaF2 in CaCl2) demonstrated the most promising absorption and desorption
properties [18]. This composition exhibited a higher carrying capacity value (0.599 g of
CO2/g of CaO at 695 ÷ 705 ◦C) and complete decarbonation at 927 ÷ 947 ◦C [18].
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Figure 1. The concept of the carbon capture in molten salts process.

In subsequent studies [22–25] related to the CCMS technology, the following were
carried out:

• Evaluation of the impact of other compounds present in the gases on the capture
process (SO2, N2, H2O);

• Optimization of the process to achieve maximum efficiency, absorption, etc.;
• Determination of the viscosity of molten salts and its potential impact on the process.

The effect of SO2 on the CCMS process was investigated in [22]. It was found that
similar to the reactions of SO2 with CaO and CaCO3 in the solid state, sulfation reactions
in molten salts are favored over carbonization reactions. Tests in a single-chamber reactor
showed that almost all SO2 is absorbed by molten salts. The authors concluded that CCMS
technology could be used to capture both CO2 and SO2 from flue gas, potentially avoiding
the need for pre-desulfurization. However, it should be noted that the efficiency of the
carbonization process might be slightly reduced. The regeneration of SO2-saturated salts
should also be considered.

Olsen et al. [23] studied the effect of H2O on CaCl2-CaF2-CaO molten salts in terms of
hydrolysis. The results indicated that hydrolysis occurs at elevated temperatures. Both salt
components, CaF2 and CaCl2, form HF and HCl, respectively. However, the presence of
CaO significantly reduces the hydrolysis process. It was found that hydrolysis is not a prob-
lem when significant amounts of CaO are present (10 wt. % or more) and at temperatures
below 850 ◦C.

The study [24] identified the optimum temperature for the absorption process (ap-
proximately 700 ◦C) and the temperature at which CO2 release from the carbonate is fastest
and complete, occurring at ~930 ◦C. A sustained CO2 capture capacity was observed
after the initial 4 ÷ 6 carbonation/decarbonation cycles in all multiple tests. After 10
carbonation/decarbonation cycles, the CaO-CaF2-CaCl2 systems attained carrying capacity
values of 0.667 g of CO2/g of CaO, respectively. A high absorption efficiency (>90%)
was also observed in the first 2 h of the process for a CaO content of 15 wt. % of CaO.
In the case of desorption, carbonate decomposition occurred with an efficiency of 100%.
This shows that the dissolution/dispersion of CaO in molten CaF2−CaCl2 is a promising
pathway for improving the reactivity and stability of CaO in long-term cyclic CO2 capture
operation [24].

For the viscosity of the discussed molten salts, it was stated in [25] that up to 30 wt. %
CaO in the eutectic CaCl2-CaF2 mixture within the temperature range of 700–950 ◦C, the
viscosity should not pose a problem regarding the transport of molten salts.
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The latest research was conducted at AGH University of Krakow (Poland) as part
of a project in partnership with the Norwegian University of Life Sciences (Norway).
This project focused on designing, constructing, and testing a reactor prototype operating
in CCMS technology. The main design assumptions for the prototype were based on a
structure consisting of two reaction chambers and an additional (auxiliary) tank, with the
transport of molten salts forced by gas pressure in the respective tank (pumping). The
design solution was patented [26] and described in studies [27,28]. All tanks, barbotage
lances, connecting pipes, and valves were made from Nickel Alloy 200. A single reactor
chamber was subjected to extended testing to verify the durability of the structural materials
used and the feasibility of continuous operation. The purpose of this work was to evaluate
the wear of the basic structural components, i.e., the barbotage lance and the reaction tank—
components most exposed to prolonged exposure to molten salts CaCl2-CaF2-CaO-CaCO3,
temperatures of 700 and 940 ◦C, and an N2-CO2 gas mixture.

2. Materials and Methods

2.1. Prototype Design

Figure 2 schematically presents the CCMS process utilizing two reaction tanks (ab-
sorber and desorber) and an intermediate tank. The diagram also highlights the connection
system between the tanks and the flow direction of the molten salts.

Figure 2. Diagram of the CCMS process using two chambers and an intermediate tank: TC—
thermocouple, MS—molten salts CaCl2-CaF2-CaO-CaCO3.

Figure 3 shows the basic structural elements of a single unit, identical for the absorber,
desorber, and intermediate tank. The reactor chambers, along with the transport pipes
(horizontal inlet and vertical outlet), were placed within heating modules and closed with
tight lids. Gases were introduced and extracted through openings located in the lids. One
opening was also left for inserting a thermocouple.

The chambers were connected to each other by horizontal transport pipes, as shown
in Figure 4b.

On each transport line between the tanks, there was a high-temperature, gas-tight
valve (Figure 4b). This valve allowed the transport line to be shut off, forcing the flow of
molten salts to the next tank. To maintain appropriate temperature conditions during salt
transport, additional heat sources in the form of removable electric furnaces were installed
on the horizontal pipes (Figure 4c). The high-temperature valves were insulated with
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ceramic mats (Figure 4d). Each reactor chamber heating module, as well as the furnaces
installed on the horizontal transport lines, had their own power supply sections (Figure 4a).
The construction principle of the prototype is described in detail in studies [27,28].

Figure 3. The 3D appearance of a reactor chamber with inlet and outlet transport pipes for molten
salts placed within a heating module.

 

Figure 4. View of the prototype reactor for carbon capture at the AGH laboratory, (a) overall view:
1, 2—power supplies; 3—absorber; 4—desorber; 5—intermediate tank, (b) view of the system without
additional heating modules: 6—high temperature valve; 7—transporting pipe, (c) view of the system
with additional heating modules: 8—heating module; (d) view of the system with valves insulation:
9—ceramic wool insulation.

2.2. Prototype Operation Methodology

The prototype has been designed to operate cyclically [26], with the absorber and
desorber working in parallel, aiming for maximum utilization of the active sorbent and
complete regeneration of the salts. The operational cycle of the prototype will begin by
filling the absorption tank and the intermediate tank with salts of the same composition,
containing an eutectic mixture of CaCl2-CaF2 with a 15 wt. % of CaO. After melting the
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salts, the absorption chamber will initiate the process of capturing carbon dioxide from an
N2-CO2 mixture, injected into the salts using a lance. This process will continue until the
full utilization of CaO (when the CO2 concentration in the gases leaving the reactor reaches
the level concentration as in the mixture injected into the salts). At this point, the molten
salts will be transported to the desorber and preheated to 940 ◦C. The transport will be
carried out by pumping the salts using an inert gas (N2) injected into the reactor chamber.

After transferring the CO2-saturated salts to the desorber, the calcination process of
calcium carbonate and the release of CO2 will begin. Simultaneously, the unsaturated salt
from the intermediate tank will be transported to the absorber, where the CO2 capture
process from the N2-CO2 stream will restart. In this way, the processes of CO2 capture and
release will proceed simultaneously in both tanks (the absorber and the desorber). Upon
completion of these processes, the transport of salts will take place first from the desorber
to the intermediate tank and then from the absorber to the desorber, initiating the next
operational cycle. The reactor chambers will operate under atmospheric pressure during
the absorption and desorption processes. Pressure will increase only during the transport
of salts between the chambers. The pumpability tests of the salt showed that a pressure of
approximately 0.4 atm will be required.

2.3. Testing Conditions for a Single Reactor Chamber

One of the reaction chambers was subjected to high-temperature tests, operating in a
cyclic manner with periodic temperature changes. The tests on a single chamber aimed
to determine the impact of aggressive operating conditions (rapid temperature changes,
the presence of chloride–fluoride salts, continuous gas flow, changes in the chemical
composition of salts during the process) on the wear of its key working components—the
reaction chamber and the lance. At a temperature of 700 ◦C, CO2 capture from the CO2/N2
gas mixture (15 vol. % CO2) occurred for approximately 13 h. Then, the temperature was
raised to 940 ◦C, and with a pure nitrogen flow, the previously absorbed CO2 in the salts
was released. The desorption time was also 13 h. The salts (total mass 800 g) contained a
eutectic mixture of CaCl2-CaF2 (13.8 wt. % CaF2) and 15 wt. % CaO. During absorption, the
N2-CO2 gas mixture flowed through the salts at a rate of 24 dm³/h. Pure nitrogen flowed
at the same rate during desorption. The salt level in the reactor was approximately 13 cm.
During the capture cycle (700 ◦C), the CaO concentration decreased as calcium carbonate
(CaCO3) formed according to the carbonation reaction (1). During desorption (940 ◦C),
reaction (1) proceeded in the opposite direction, resulting in a decrease in CaCO3 content
and an increase in CaO concentration. An example graph of changes in carbon dioxide
concentration during a single, complete sorption (carbonation)—desorption (calcination)
cycle is shown in Figure 5.

Similar changes in temperature and CO2 concentration occurred in each cycle during
the 800 h of reactor operation. For the first 3–3.5 h, the process operated with very high
efficiency, above 96%. This meant that at least 96% of the CO2 introduced into the molten
salts was absorbed as CaCO3. After this time, due to the limited availability of CaO in the
salts, the absorption efficiency decreased. The complete depletion of CaO was indicated
by the plateau on the curves. On the other hand, the calcination process (release of CO2)
operated at a minimum of 97% efficiency. The CO2 capture capacity of the prototype was
0.0031 mol/min. The reactor chamber was monitored 24 h a day, particularly the temper-
ature, composition, and flow rate of the N2-CO2 gas mixture introduced into the reactor,
as well as the composition of the gases leaving the reactor. During the experiments, the
reactor chamber operated without issues requiring staff intervention, such as interruption
of the experiment, shutdown of the equipment, cooling of the reactor chamber, replacement
of salts, etc.
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Figure 5. Changes in carbon dioxide concentration during a single, complete operating cycle of the
CO2 capture reactor chamber (green line) and process temperature (red line).

2.4. Materials Subjected to Testing
2.4.1. Characteristics of Ni 200 Alloy

The reactor chambers and the lances introducing the N2-CO2 gas mixture, as noted in
Section 1, are made of technical nickel (Ni 200 Alloy), whose composition is presented in
Table 1.

Table 1. Chemical composition of Ni 200 Alloy, as provided by the vendor.

Elements Ni Mn Cu Si C Fe S

wt. % 99 0.35 0.25 0.35 0.15 0.40 0.01

It is highly resistant to corrosive environments, especially caustic alkalis, acids, and
salt solutions. It also exhibits high thermal and electrical conductivity. The use of technical
nickel as the construction material for the main components of the CCMS reactor prototype,
whose elements were tested in this study, was mainly motivated by three reasons:

• Nickel 200 alloy has been used as a material for crucibles and lances in all previous
experiments at NMBU [19–25], where the CCMS process was tested under various
temperature conditions (650–950 ◦C) and in the presence of molten salts with different
compositions (chlorides, fluorides, oxides, carbonates);

• The complexity of the prototype constructed under laboratory conditions required
materials suitable for forming individual parts through plastic deformation processes
and allowing easy welding to maximize protection during continuous, 24 h high-
temperature tests;

• The use of other nickel alloys would have been risky, as alloying elements (mainly
Cr) present in nickel/chromium alloys, Inconel, and Hastelloy [29–34] significantly
accelerate the rate of corrosion, and grain boundaries are preferred sites for corrosion
attack [35,36].

2.4.2. Samples for Testing

After the long-term tests, the molten salts were poured into a separate container, and
both the lance and the reactor chamber were cooled. Then, to remove residual crystallized
salts, the metal components were submerged in a container filled with distilled water for
24 h, with the water changed three times. After drying, the reactor was subjected to an
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X-ray examination. In the next stage, elements of appropriate size were cut from three zones
of both the reactor and the lance using a bandsaw and were examined using computed
tomography (CT), 3D scanning (reactor), and microscopic analysis (lance). Figure 6 shows
the cross-sectional view of the reactor chamber with marked zones with different operating
conditions, and samples of lance and chamber reactor subjected to analysis.

(a) (b) (c)

Figure 6. View: (a) cross-sectional view of the reactor chamber with marked zones with different
operating conditions, (b) lance after 800 h tests with marked zones subjected to analysis, (c) reactor
chamber after 800 h tests with marked areas and cut-out sections subjected to analysis.

The elements marked in Figure 6b,c came from three zones:

• Zone 1: Gas and temperature exposure zone (elements R1, L1). For the reactor tube,
this involved continuous exposure to the oxidizing atmosphere on the outer side and
the N2-CO2 gas mixture on the inner side. During a complete sorption–desorption
cycle, the composition of the gas mixture varied according to the curve shown in
Figure 5. The outer part of the lance was subject to similar conditions, while the inner
side was exposed to the N2-CO2 mixture during the low-temperature absorption cycle
and pure N2 during the high-temperature desorption cycle. Contact with splashing
molten salts due to sparging could not be ruled out. Due to the temperature gradient
at the height of the reactor chamber above the molten salts level, the temperature
was slightly lower than in the lower zones of the tank, reaching about 650 ◦C during
sorption and 900 ◦C during desorption.

• Zone 2: Phase boundary zone between molten salts and N2-CO2 gases (elements R2,
L2). The contact of both the lance and the salts was similar to that described above;
however, it is difficult to precisely determine the exposure time of the elements to salts
and gases due to the high intensity of sparging, which caused the molten salt surface
to be in constant motion (rising, falling, and turbulent). The temperature in this zone
was 700 ◦C/940 ◦C.

• Zone 3: Filled with molten salts (elements R3, L3). In the case of the reactor tube, the
inner part and the bottom were exposed continuously to the molten salts, while the
outer part was exposed to the oxidizing atmosphere (air) in the space between the
heating module and the reactor tube. The lance, on the other hand, was exposed to
molten salts on its outer side to the N2-CO2 gas mixture on the inner side during
the low-temperature absorption cycle and to pure N2 during the high-temperature
desorption cycle. The temperature in this zone was 700 ◦C/940 ◦C.
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The appearance of the reactor chamber before testing and its main initial dimensions
are shown in Figure 7.

 

(a) (b) 

Figure 7. Reaction chamber: (a) main initial dimensions (before experiments), in mm, (b) appearance
before testing.

In the case of the lance, its internal diameter was 5.6 mm, the outer diameter was
9.8 mm, and the length was 1000 mm.

2.5. Methods of Analysis

In assessing the wear of the reactor chamber, several testing methods were used (X-ray,
CT, 3D SCAN) based on several key criteria:

• Direct evaluation of changes in geometric dimensions after testing;
• Identification of internal discontinuities in structural components (defects, voids,

pores), quality of welds;
• Detection of wear inhomogeneity, localized pits, and cracks;
• Evaluation of the suitability of individual methods for this type of analysis.

Moreover, the use of X-rays allowed a complete assessment of the reactor without the
need to cut it into separate components. X-ray computed tomography, in addition to multi-
plane analysis, allowed for the evaluation of wear inhomogeneity across different zones.
The 3D scanning was employed as a supplementary technique and made it possible to locate
deviations (both positive and negative) from the nominal values of the reactor chamber.

2.5.1. X-Ray

The research utilized the Zeiss BOSELLO 2D X-ray Solutions system (Carl Zeiss IQS
Deutschland GmbH, Carl-Zeiss-Straße 22, 73447 Oberkochen, Germany). ZEISS BOSELLO
systems are 2D X-ray cabinets equipped with software for Automatic Defects Recognition
(ADR) (Software BHT IP Plus). The dedicated software enabled fast image acquisition and
fully automated 2D X-ray inspection in accordance with ASTM standards [37].

During the tests, a maximum source voltage of 225 kV and a maximum power of
1800 W was applied, with a detector resolution of 1024 × 1024 and a pixel size of 200 μm.
The inspection time was 1 min, and the time for a single image capture was 200 ms.

The entire reactor chamber was subjected to X-ray examination after the tests.

2.5.2. Computed Tomography (CT)

The elements of the reaction chamber were scanned using the GE Phoenix v|tomex|m
X-ray tomography system (Waygate Technologies USA, LP 721 Visions Dr, Skaneateles, NY
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13152, USA). The object was inspected in a specialized chamber of the device. The element
was positioned between the radiation emitter, known as the lamp, and the detector. The
device was controlled by setting the position of the object in the space between the lamp
and the detector, entering the voltage and current values generating the radiation (power),
and specifying the detector’s operating characteristics. Proper selection of these parameters
allowed for results that enabled further 3D reconstruction of the object.

The next step was the reconstruction of the 3D volume. During a full rotation, the
device generated thousands of high grayscale images (e.g., the GE Phoenix v|tomex|m uses
14-bit). It is standard to use complex algorithms in the reconstruction stage that perform
image corrections, such as beam hardening correction, automatic geometry calibration, and
geometry optimization [38,39]. The reconstructed object can be visually inspected through
the analysis of 2D and 3D cross-sectional images and further volumetric analysis.

It should be noted that all measurements were conducted with identical detector
settings, voltage, and consistent positioning of the maneuvering table. The results were
obtained based on reconstruction with the same algorithm: using the bhc+ filter (coefficient
7.1), auto AGC, and reconstruction optimization. Determining porosity (voids, empty
spaces) is widely used when analyzing heterogeneous materials [40,41] or changes in mate-
rials due to external factors [42]. The examination of a single reactor tube element consisted
of 3000 X-ray projections. The size of a single voxel did not exceed 60 μm. Radiation was
generated by a microfocus lamp with a 260 kV and 190 μA characteristic. During recon-
struction, a beam hardening correction+ filter with a power of 7.1 and automatic geometry
correction were applied.

The reactor components R1, R2, and R3 were subjected to computed tomography.

2.5.3. Scan 3D

A setup consisting of a GOM 3D scanner measuring head (GOM, a Zeiss company,
Oberkochen, Germany), a tripod, a movable table, a calibration plate, and a portable Dell
computing unit was used for optical 3D scanning.

The ATOS Core 200 scanner head ( GOM a Zeiss company, Oberkochen, Germany)
used for measurements was equipped with two 5 MP cameras, blue LED lighting, and light
with a wavelength range from 450 to 500 nm. The measurement accuracy, verified according
to standard [43] and confirmed by an accredited, independent metrology laboratory, is
0.0185 mm. The time required to complete a single scan was less than 2 s. The research
was conducted using Atos Scan 2017 software, which enabled the scanning process and
the creation of a 3D model, as well as previously described GOM Inspect software for 3D
measurement data analysis (2019 Hotfix 6 Rev. 125216). The guidelines for assessing the
accuracy and acceptance of optical 3D scanning systems are contained in the standard [44]
and the recommendations of the German PTB in accordance with the standard [43].

The reactor component R3 was subjected to 3D scanning.

2.5.4. Microstructural Studies

For microstructure analysis, an Olympus GX51 light microscope (OLYMPUS GX51
microscope, Tokyo, Japan) and a Hitachi SU 70 scanning electron microscope (Hitachi
Ltd., Tokyo, Japan) equipped with energy-dispersive X-ray spectroscopy (EDS) detector for
chemical composition analysis in micro-areas were used (Thermo Fisher Scientific, Waltham,
MA, USA). Images were captured using the secondary electron (SE) and backscattered
electron (BSE) detectors. Samples for microscopic examination were embedded in PolyFast
conductive resin (Struers, Copenhagen, Denmark), then ground using abrasive papers with
the following grit sizes: 220, 500, 800, 1200, 2400, and 4000, and polished in two stages
according to the Struers procedure using Dia Duo diamond paste suspension (Struers,
Copenhagen, Denmark) with a 3 μm grain size and OPS colloidal silica suspension with a
0.25 μm grain size for final polishing. The samples were not etched.

The lance components L1, L2, and L3 were subjected to microstructural analysis.
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3. Results

3.1. Barbotage Lance Tests

The results of the lance wall thickness measurements using light microscopy at various
points across the cross-section of the examined samples are presented in Figure 8. Table 2
summarizes the minimum, maximum, and average values, as well as the calculated wall
thickness reductions (thinning).

 

Figure 8. Appearance of samples L1, L2, and L3 and wall thickness measurement points (light
microscopy—macro image).

Table 2. Wall thickness measurement results on the cross-section of the examined lance before and
after high-temperature tests.

Sample Wall Thickness, μm
Wall Thinning Relative to the

Original Tube, μm

L1

Average: 1645
2

(0.12%)Min.: 1595

Max.: 1692

L2

Average: 1637
10

(0.61%)Min.: 1591

Max.: 1662

L3

Average: 1294
353

(21.43%)Min.: 1212

Max.: 1391

L0
(before tests)

Average: 1647

-Min.: 1616

Max.: 1678

The obtained wall thickness results on the cross-section of the examined lance demon-
strated thinning relative to the original dimensions. The degree of thinning depends on
the lance’s operating zone. The average wall thickness on the lance cross-section before
experiments was 1647 μm, with wall thickness variations across the cross-section reach-
ing up to 62 μm. The greatest wall thinning after high-temperature prototype tests was
observed for the element labeled “L3” (continuous external contact with molten salts CaCl2-
CaF2-CaCO3-CaO, internal contact with N2-CO2 gases). In this case, the wall thinned
by an average of 353 μm, or 21.43%. Significant variations in wall thickness across the
cross-section were also found, reaching up to 180 μm locally.
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For samples labeled “L2” and “L1”, slight wall thinning of the lance was observed,
averaging 10 μm (0.61%) for element L2 and 2 μm (0.12%) for element L1. Wall thickness
differences across the cross-section reached up to 70 μm for element L2 and 100 μm for
element L1.

When analyzing the L3 section of the lance, it was compared to the material before
testing. Images from the light microscope were superimposed, with 50% transparency
applied to the sample before testing—L0 (Figure 9).

Figure 9. Images of the L3 lance section after testing and before testing (L0). A 50% image trans-
parency was applied for L0.

It was found that the lance experienced significantly greater wear on the inner side.
The wear is uneven around the circumference on both the outer and inner sides of the lance.

Figure 10 shows example results of the microstructure analysis of sample L3 performed
using a scanning electron microscope, while Figure 11 presents the results of chemical
composition analysis in micro-areas using an EDS detector.

 
(a) (b) (c) 

Figure 10. Microstructure images of sample L3, SEM: (a) magnification 50×, (b) inner section,
magnification 200×, (c) outer section, magnification 500×.

 

Figure 11. Ni, Ca, Cl distribution maps of sample L3; SEM/EDS.
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The microstructure observations on the cross-section of the tube labeled L3 demon-
strated the presence of intergranular corrosion on both the inner and outer sides of the
tube. The corrosion spreads from the outer and inner surfaces of the lance inward, locally
reaching a depth of several hundred micrometers. Corrosion appears as a network of voids
spreading along grain boundaries. The SEM/EDS chemical composition analysis results
indicate that these areas are nickel-depleted (Figure 11), and some spaces are infiltrated by
salt components (Ca, Cl). Salt components were also detected on the analyzed outer surface,
which are residues of crystallized salts that did not dissolve in water during lance rinsing.

Similar microscopic observations and analyses were conducted for samples taken
from the other two zones, labeled L2 and L1. The results are presented in Figures 12–15.

 
(a) (b) (c) 

Figure 12. Microstructure images of sample L2, SEM: (a) magnification 50×, (b) inner section,
magnification 500×, (c) outer section, magnification 500×.

 

Figure 13. Ni, Ca, Cl distribution maps of sample L2; SEM/EDS.

 
(a) (b) (c) 

Figure 14. Microstructure images of sample L1, SEM: (a) magnification 50×, (b) inner section,
magnification 500×, (c) outer section, magnification 500×.
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Figure 15. Ni, O distribution maps of sample L1; SEM/EDS.

Analyzing the results presented in Figures 14–17, it was observed that corrosion
appears both as a network of fine voids spreading along grain boundaries and as a continu-
ous network at grain boundaries. The SEM/EDS chemical composition analysis results
indicate that these areas are nickel-depleted. Additionally, the images show residues of
crystallized salts that formed on the sample surfaces and were not dissolved in water after
the experiments.

Figure 16. Comparison of grain size in Ni Alloy 200 before testing (L0) and after testing (L1, L2, L3).

Figure 16 presents a comparison between the original Nickel 200 Alloy samples and
the samples after testing.

Analyzing Figure 18, it can be observed that the microstructure of the initial tube cross-
section, labeled L0, is uniform and consists of grains with regular shapes, averaging about
50–60 μm in size. No precipitates or discontinuities are visible within the examined element.
In samples L1–L3, significant grain growth was observed in each tested sample after the
tests, regardless of the presence or absence of molten salts or N2-CO2 gases. Some grains
exceeded 200 μm in size. In each case, the material was exposed to high temperatures;
due to the temperature gradient along the reactor, samples L3 and L2 were subjected to
temperature fluctuations between 700 and 940 ◦C, while sample L1 experienced slightly
lower temperatures (650/900 ◦C).
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Figure 17. Selected inspection photos of the reactor chamber after testing.

 
Figure 18. Analysis of the lower part of the reactor chamber after reconstruction to the 3D model.
Yellow arrows indicate voids and discontinuities in the material.

3.2. X-Ray Examination of the Reactor Chamber

The X-ray inspection allowed the detection of defects, damage, and discontinuities
in the structural material without the need to cut the reactor into smaller components.
Figure 17 shows selected inspection images of the reactor chamber after inspection.

After X-rays were taken, reconstruction to a 3D model was performed and the lower
part of the reactor chamber was analyzed in detail (Figure 18).
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Darker areas marked with yellow arrows in Figures 17 and 18 are local density changes
in the analyzed material. Figure 17 shows welded joints and a defect in the material,
probably formed during the manufacture of the reactor tube. Most of the identified defects
(voids, material discontinuities) are due to the inability to weld structural elements of
the chamber from the inside of the reactor. They are not a result of reactor operation or
prolonged exposure to the corrosive environment. However, the obtained information
is important from the perspective of system sealing and properly securing the chamber
against leakage of molten salts at a temperature of 700/940 ◦C into the heating module,
which could lead to a failure of the entire device.

3.3. CT Scan Results

X-ray computed tomography used for the analysis required cutting the reactor com-
ponents into smaller sections. The study examined reactor fragments operating in three
zones, as described in Section 2.1. Figure 19 shows selected cross-sectional images of the
lower part of the reactor chamber (R3).

Figure 19. Cross-sectional images of the element R3.

White arrows indicate defects (lack of full remelting) in the joint between two pipe
elements. Lack of remelting occurs around the entire circumference at the junction of the
smaller-diameter pipe with the reactor pipe (larger diameter). In addition to the lack of
full penetration, voids in the weld and numerous pores, marked by yellow arrows, are also
visible, some of which form larger clusters. The connection between the reactor pipe and
the flat base is also visible. Here, too, there is incomplete remelting (red arrows) and clusters
of pores, marked by green arrows. The tricolor lines on the cross-sectional images indicate
the positions of the other cross-sections corresponding to the viewing planes shown in the
3D section.

A wall thickness analysis of the R3 element was performed on the reconstructed
data. The presented model, created using computed tomography, exhibits noise primarily
resulting from the complexity of the shape and geometry of the analyzed component
(Figure 20a).
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(a) (b) 

Figure 20. Element R3: (a) 3D view and (b) wall thickness distribution.

Artifacts characteristic of this method, such as data-disrupting peaks, hinder the
direct interpretation of the results. Nevertheless, the application of advanced filtering
procedures has partially mitigated these disturbances, as confirmed by the provided graph.
Thickness distribution analysis is further complicated by the presence of noise in the
visual representation and the variable thickness of individual components, which becomes
apparent when analyzing the data depicted in the graph (Figure 20b). A particular challenge
is the attachment of components via welding, which is characterized by uneven thickness
on the weld surface, rendering the analysis of wear in specific areas unreliable.

In the case of the R2 element, which has partial contact with molten salts and a gaseous
atmosphere, no irregularities, defects, or deep pitting were found in the cross-sectional
images presented in Figure 21. The tricolor lines on the cross-sectional images indicate
the positions of the other sections, corresponding to the viewing planes shown in the
3D section.

 

Figure 21. Cross-sectional images of the element R2.

A wall thickness analysis of the R2 element was performed on the reconstructed data.
The results of the analysis are shown in Figure 22.

44



Materials 2024, 17, 6302

  
(a) (b) 

Figure 22. Element R2: (a) 3D view and (b) wall thickness distribution.

The color scale indicates the wall thickness, which in this area is 3.75 mm. Areas of
thickening, marked with a white arrow, are clearly visible in the figure, with a thickness of
3.82 mm. The section of the pipe shown in Figure 22a is noticeably thinner. Around the
circumference of the element, there are spots colored in shades of red, indicating localized
thickness reduction. The thickness change is approximately 0.2 mm. Figure 22b presents
a thickness distribution graph of the element. Two peaks are visible—one at a thickness
of 3.75 mm and the other at 3.82 mm. These values correspond to the visually identified
thicknesses. The wall thickness in 99% of the entire analyzed region falls within the range
of 3.51 mm to 3.945 mm.

Cross-sectional images for element R1 are shown in Figure 23. Their analysis indicates
the presence of pitting on the inner side of the element, marked by red arrows. Additionally,
a deposit is visible on the inner side (green arrows), which may be the result of crystallized
and insufficiently flushed salts.

Figure 23. Cross-sectional images of the element R1.

A wall thickness analysis of the pipe element was performed on the reconstructed data.
The analysis results are shown in Figure 24. The thickness of element L1 is approximately
3.73 mm. In the 3D images, areas of thickening are clearly visible, marked with a white ar-
row. Around the entire circumference of the element, there are red-colored spots, indicating
localized thickness reductions. The thickness variation is approximately 0.25 mm.
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(a) (b) 

Figure 24. Element R1: (a) 3D view and (b) wall thickness distribution.

3.4. 3D Scanning Method

Due to difficulties in assessing the thickness of element R3 using computed tomogra-
phy, a thickness analysis was conducted based on 3D scans. The results of this analysis are
presented in Figure 25.

Figure 25. Thickness measurement of element R3 using the 3D scanning method.

For the analysis, it was necessary to adjust the dimension scale to the analyzed
fragments. When presenting the results for the entire element, a significant number of
thickness values were observed within the ranges of 2.2–2.8 mm, 3.5–4 mm, and 5.8–6.2 mm.
These values, visible on the graph presented alongside the measurement scale, correspond
to the nominal thicknesses of the bottom, the lateral part of the element, and the welded
component of the device. The bottom of the element exhibits a thickness of approximately
6 mm, with significant irregularities resulting from the joining method (welding). The
majority of results fall within the range of 5.95 mm to 6.12 mm. Defects on the external
surface in the form of uneven corrosion are visible. Additionally, the inner surface shows
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isolated thickened areas caused by salt residues present in the device during operation.
The cylindrical section also exhibits wear due to corrosion, visible on the external surface
as large areas with varying thicknesses. The thickness difference averages 0.15 mm. The
majority of results fall within the range of 3.65 mm to 3.8 mm. The welded component is
characterized by significantly lower thicknesses, ranging from 2.4 mm to 2.6 mm. It contains
areas with variable thickness and an elongated shape, which are also the result of corrosion-
induced wear. The thickness difference averages 0.14 mm. The weld area was not analyzed
due to significant thickness variations resulting from the welding technology itself.

The dimensional comparison of the R3 element after the tests with the CAD model is
presented in Figure 26.

 

Figure 26. Lower part of reactor chamber (R3) shown from two views—dimensional comparison
with CAD model.

The deviations obtained in the working part of the component range from +0.08 mm
to −0.26 mm. No significant deformation was observed in the cylindrical area of element
R3. A comparison of the scanned element with the CAD model showed a significant shift
of the welded element, but this did not affect the device’s performance. This shift likely
did not result from the prolonged operation of the reactor chamber but rather occurred
during the joining (welding) of the elements. The inner surface of the cylindrical area
shows minimal wear, with mostly positive values at measurement points, suggesting slight
wear and the deposition of molten salts, especially in the lower areas of the reactor (at the
bottom). Wear primarily occurred on the outer part of the element, where values reach
−0.26 mm. Wear is not uniform, with large areas showing no wear and small localized
areas with increased wear, which may suggest a significant influence of corrosion due to
operating conditions (mainly high temperature and an oxidizing atmosphere).

4. Discussion

The use of molten salts in the carbon dioxide capture process is a promising and
highly efficient technique for CO2 reduction from diluted industrial gases. One of the
greatest challenges of this new technology is finding construction materials with adequate
corrosion resistance to chloride–fluoride molten salts and high temperatures (up to 940 ◦C).
The corrosion of materials is caused by the high activity of ions in molten salts, especially
at elevated temperatures [45]. This phenomenon is only partially understood, and the
mechanisms remain unclear [46–50]. Nickel and its alloys are among the best materials for
structural applications in molten salts, as they exhibit very good corrosion resistance and
favorable mechanical properties [51–53].

From the perspective of the reactor’s long-term operation (with three chambers),
the evaluation of the main structural components was the most crucial. In the case of
the prototype, these components were the lance and the reactor tank. These elements
will be subjected to the highest levels of corrosive environmental stress (molten salts and
temperature) during continuous operation. Analysis of the microscopic observations of
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the lance revealed that wear varied depending on the zone in which the lance material
was exposed to specific conditions. Measurements of the lance wall thickness before and
after testing allowed for a direct assessment of its wear. The change in wall thickness in the
lowest zone (continuous contact with molten salts) was approximately 21.4%. The lance in
the intermediate zone (liquid/gas phase boundary) showed a slight thinning, as did the
section operating above the molten salts, with thinning in these zones measuring 0.6% and
0.1%, respectively. Based on the results relative to the material’s exposure time in molten
salts, it can be concluded that in the area most exposed to corrosion, the wear rate of Ni
Alloy 200 was 353 μm/800 h, which translates to 3.9 mm/year. For the middle section of
the tube, not directly exposed to molten salts, the wear rate was 109 μm/year, while the
upper part showed a wear rate of approximately 23 μm/year.

Analysis of the lance thickness changes for section L3 showed uneven wear around the
lance circumference and significantly greater wear on the inner side compared to the outer
side. It was expected that higher wear would occur on the surface exposed to continuous
contact with molten salts rather than in the gaseous atmosphere (N2-CO2). It is possible
that molten salts were drawn into the end part of the lance, which was analyzed. In the
analyzed cross-section of sample L3, characteristic pits were also observed, whose shape
suggests the detachment of entire grains due to the potential penetration of molten salts
through grain boundaries, as illustrated in the diagram in Figure 27.

  
(a) (b) 

Figure 27. SEM image of the L3 surface (a) and schematic illustrating the formation of a pore-salt
network for Ni Alloy 200 and molten salts (b).

The reaction of Ni with gases that may form in the salt environment, such as HCl or
HF produced in reactions (2) and (3), also cannot be ruled out.

CaCl2(l) + H2O(g) → CaO(s) + 2HCl(g) (2)

CaF2(l) + H2O(g) → CaO(s) + 2HF(g) (3)

H2O may be introduced into the system as a contaminant (reagents, construction
materials, gases, etc.), especially since CaCl2 is a highly hygroscopic reagent. At process
temperatures, the free enthalpy change of reactions (2) and (3) is positive, which would
suggest that they should not occur. However, the gaseous products are quickly removed
from the reaction zone, resulting in low partial pressures. In such cases, the reaction
equilibria will shift to the right, favoring the formation of corrosive and toxic gases. These
considerations were experimentally confirmed in the study [20].

The analyzed sections of the lance, L1 and L2, did not show significant wear, as they
were only exposed to high temperatures and gases (mainly N2-CO2) or potentially to
corrosive HCl and HF, as mentioned above. Contact with molten salts was significantly
limited and could occur mainly due to gas sparging and salt splashing above the salt level.
The green color of the deposit on the outer surface of the lance in sections L1 and L2 may
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suggest the formation of nickel chloride (NiCl2) as a result of the reaction (4) or nickel oxide
(NiO) as a result of a reaction (5):

Ni + 2HCl(g) → NiCl2 + H2(g) (4)

Ni + 1/2O2(g) → NiO(s) (5)

Oxygen can be introduced into the system as a contaminant, similar to the moisture
discussed above. The free enthalpy change for reaction (4) is positive under process condi-
tions (temperature 700–940 ◦C) [17], whereas for reaction (5), it is negative [17]. Attempts
to perform XRD analysis of the green deposit taken from zones L1 and L2 proved very
challenging due to the amorphous nature of the material.

The results of the X-ray analysis presented in Figure 17 and reconstructed into a 3D
model (Figure 18) revealed minor defects in the structural material (most likely originating
during tube manufacturing) and defects arising during the construction of the reactor tank.
The most visible of these are in the welded areas, where discontinuities in the metallic
structure were detected. These are not a result of prolonged operation of the reactor in
the aggressive environment of molten salts. An important finding is that no complete
discontinuity occurred in any part of the reactor tank under investigation, which would
risk tank leakage and reactor failure.

Using computed tomography, numerous discontinuities were revealed at the welding
joints in the lower part of the reactor chamber (R3). In this component, gaps were also found
at the junction of the round bottom element with the reactor tube, resulting from insufficient
fitting of the components—something not visible in the X-ray images. Proper continuity
of the weld was observed on the outer side of the reactor tube. Unfortunately, due to
significant noise and interference in the analyzed object, it was not possible to create a three-
dimensional thickness map for the R3 component. Such a map is useful, as demonstrated
for components R1 and R2, as it allows the identification of wear inhomogeneity.

3D scanning provided additional information on the wear of part R3, which is the
most exposed to the corrosive environment and high temperature. In section R3, negative
deviations predominate on the outer side. These are mainly caused by the chipping of
corrosion products (NiO) from the surface, as this side of the reactor chamber was exposed
to oxidizing conditions. It is possible to prevent such strong oxidation of nickel by using an
inert gas atmosphere (e.g., argon or nitrogen) injected into the space between the reactor
chamber and the heating module, which should significantly limit material oxidation. On
the other hand, the inner side, exposed to molten salts, also shows uneven wear. The
material is subject to wear due to mechanisms described for the lance, which causes a
reduction in wall thickness. However, 3D scanning takes into account the thickness of
corrosion products and partially crystallized salts on the walls. Precisely determining the
wear of the material itself is problematic and may not be reliable.

5. Conclusions

Studies of the lance operating for 800 h in the reactor chamber revealed wear on both
the internal and external surfaces. This wear is primarily dependent on the direct and
continuous contact of the lance with molten salts consisting of CaCl2-CaF2-CaO-CaCO3.
Microscopic observations indicated that the upper parts of the lance (above the molten
salts and at the salt/gas boundary) experienced minimal wear (109 μm/year and less).

On the external parts of the lance above the salt level, crystallized salts were observed.
Their presence during continuous operation may protect the lance, resulting in low wear.
For the lance in continuous contact with molten salts, wall thinning amounted to approxi-
mately 22%, with an estimated annual wear of 3.9 mm. The significant wear is attributed to
the direct contact of metal with the salts and the turbulent motion caused by gas sparging.

The results of microstructure observations on the cross-sections of the lance demon-
strated the presence of intergranular corrosion on both the inner and outer sides of the
tubes. Corrosion was observed in the form of voids as well as a continuous network along
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the grain boundaries. The corrosion primarily spreads perpendicularly to the contact sur-
face with the corrosive environment, penetrating to significant depths and locally reaching
hundreds of micrometers into the material.

X-ray analysis enabled the assessment of the entire element without the need for its
destruction. Discontinuities in the reactor chamber material, caused by incomplete fusion
during welding, were identified. The reconstruction of X-ray images into a 3D model
allowed for precise localization of these discontinuities. They were only visible on the inner
sides of the reactor chamber, where they could not be welded. The external welds were
found to be permanent and continuous.

Computed tomography enabled multi-plane analysis of the reactor chamber, revealing
additional imperfections from the construction stage (connection of the reactor bottom with
the reactor tube). Based on CT results, uneven wear of individual elements on both the
inner and outer surfaces was noted. The distribution of the reactor chamber wall thickness
indicates thickening in many places (presence of corrosion products) as well as thinning
(pitting). Unfortunately, due to the large noise during the analysis, the result of the most
complex component, R3, was difficult to interpret.

The 3D scanning served as a complementary analysis and allowed for the assessment
of wear on the component most exposed to the corrosive effects of molten salts (R3). This
reactor zone exhibited significant material loss on both the external and internal sides. On
the external side, this was caused by the oxidizing atmosphere and the formation of nickel
oxide, whose layers flaked off the reactor.

The change in the thickness of the inner part of the reactor chamber is caused by mate-
rial corrosion, with a mechanism analogous to that observed in the lance. This conclusion
is reached based on an analysis of part of the results (microstructural studies) and the
assumption that both components (reactor and lance) exhibit the same behavior. This is
justified when considering that both components were made of the same material and
operated at the same temperature and in the presence of the same molten salts.

The outer part of the reactor, exposed to high temperatures and oxidizing conditions,
requires inert gas protection to limit nickel oxidation. This is important for the external
welds, which are a key place to ensure the reactor chamber is leak-proof.

The condition of the lance used for N2-CO2 gas sparging requires monitoring and
potential replacement during long-term tests. An alternative is to use a lance with thicker
walls. While this would not eliminate wear, it would reduce the frequency of replacements.

The consumption of Ni 200 Alloy found in this study is acceptable for the operation
of the lance and reactor chamber. However, it seems that the wear rate found will be too
high for the stable operation of more complex industrial plant components (such as molten
salt pumps).
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25. Nygård, H.S.; Hansen, M.; Alhaj-Saleh, Y.; Palimąka, P.; Pietrzyk, S.; Olsen, E. Experimental Evaluation of Chemical Systems for

CO2 Capture by CaO in Eutectic CaF2-CaCl2. AIMS Energy 2019, 7, 619–633. [CrossRef]
26. Pietrzyk, S. Device for Removing CO2 from Exhaust Gases. Patent P.444465, 21 October 2024.
27. Pietrzyk, S.; Palimaka, P. The Prototype of Reactor for Carbon Capture in Molten Salts. EPSTEM 2023, 24, 165–170. [CrossRef]
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Abstract: This study investigates the mechanical properties of thermoplastic polyurethane
(TPU) 60A, which is a flexible material that can be used to produce soft robotic grippers
using additive manufacturing. Tensile tests were conducted under ISO 37 and ISO 527 stan-
dards to assess the effects of different printing orientations (0◦, 45◦, −45◦, 90◦, and quasi-
isotropic) and test speeds (2 mm/min, 20 mm/min, and 200 mm/min) on the material’s
performance. While the printing orientations at 0◦ and quasi-isotropic provided similar
performance, the quasi-isotropic orientation demonstrated the most balanced mechanical
behavior, establishing it as the optimal choice for robust and predictable performance,
particularly for computational simulations. TPU 60A’s flexibility further emphasizes its
suitability for handling delicate objects in industrial and agricultural applications, where
damage prevention is critical. Computational simulations using the finite element method
were conducted. To verify the accuracy of the models, a comparison was made between the
average stresses of the tensile test and the computational predictions. The relative errors
of force and displacement are lower than 5%. So, the constitutive model can accurately
represent the material’s mechanical behavior, making it suitable for computational sim-
ulations with this material. The analysis of strain rates provided valuable insights into
optimizing production processes for enhanced mechanical strength. The study highlights
the importance of tailored printing parameters to achieve mechanical uniformity, suggest-
ing improvements such as biaxial testing and G-code optimization for variable thickness
deposition. Overall, the research study offers comprehensive guidelines for future design
and manufacturing techniques in soft robotics.

Keywords: TPU 60A; material characterization; tensile tests; printing orientations;
simulation validation; mechanical properties; ISO 37; ISO 527; additive manufacturing

1. Introduction

Due to technological developments in recent decades, the use of robots and the automa-
tion of processes has become trivial, from simple tasks to highly complex operations [1].
Robots have become relevant equipment in factories, providing the opportunity to re-
place 4D (dull, dirty, dangerous, and dear) tasks performed by humans, implementing
improvements, and reducing costs in production processes [2].
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One of the robot’s possible end effectors is a gripper, for grasping and manipulating
objects. Grippers, like robots themselves, are fundamental elements in industry, since ma-
nipulating objects with various shapes is one of the most complex challenges in robotics [3].
To handle sensitive products or those with complex geometries, soft grippers made from
flexible materials have been developed, allowing considerable deformation to adjust to the
product without damaging it.

These grippers allow for superior results when manipulating sensitive and irregular
objects, compared to rigid grippers [4]. Until now, the prototyping of soft grippers was
predominantly carried out through manual processes, such as silicone molding, due to
the lack of accessible and developed technologies for production. However, advances in
additive manufacturing and flexible materials technologies have significantly enhanced the
customization, adaptability, and complexity of soft grippers. While additive manufacturing
is not the sole factor making soft grippers viable, it plays a key role in enabling their tailored
designs and broader application. These advancements have made soft grippers an increas-
ingly practical and cost-effective solution for complex tasks, such as safe human interaction
and handling fragile objects, by offering flexible and innovative design possibilities [5].

The fragility, sensitivity, stickiness, and slipperiness of most food and agricultural
products have driven the development of soft robotic grippers that are deformable, flexible,
safe, low-cost, and environmentally friendly. Such a model of robotic gripper has the
potential to meet these challenges by offering reliable and adaptable solutions for handling
agricultural and food products [6], since the main application of the soft gripper is to hold
and move objects safely without causing significant deformation or damage to their delicate
surfaces [7].

Fused Filament Fabrication (FFF) is a popular additive manufacturing technique that
has gained significant relevance [8,9]. According to Sukindar et al. [9], FFF was initially
developed to produce and create prototypes. Nowadays, it is adopted in different fields,
such as architecture, manufacturing, and medical applications. FFF is a type of additive
manufacturing process that uses thermoplastic materials to produce three-dimensional
objects. The fundamental principle behind FFF involves the controlled extrusion of a
thermoplastic filament through a heated nozzle.

Antunes et al. [10,11] focused on optimizing Fin Ray Effect (FRE)-inspired grippers to
enhance their adaptability and grasping strength. This design is optimal for production
using additive manufacturing, namely Fused Filament Fabrication (FFF). They employed
computational design and simulation to improve the performance of FRE soft robotic
fingers, and compared two FRE-based soft robotic fingers, utilizing Ansys software to
assess how different designs impact gripping efficacy.

The selection of TPU 60A for this study is justified by its marked advantages over
comparable materials, such as TPU 95A. TPU 60A exhibits superior elasticity and softness,
characteristics that make it particularly well-suited for applications demanding delicate
handling, such as soft robotic grippers designed for interaction with fragile or irregularly
shaped objects. In contrast, TPU 95A, while offering greater strength and rigidity, may
apply excessive pressure, thereby increasing the risk of damage in such sensitive applica-
tions. This comparison highlights the appropriateness of TPU 60A for soft robotics, where
flexibility and adaptability are critical, and aligns the material selection with the study’s
objective of optimizing performance in specialized contexts.

The use of Thermoplastic Polyurethane (TPU) 60A in soft robotics requires an un-
derstanding of its mechanical behavior under various conditions. However, the existing
literature and supplier-provided data lack comprehensive experimental characterization
of TPU 60A across different test speeds and printing orientations. There is an absence
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of data detailing how varying the test speeds and orientations affect the material’s me-
chanical properties, such as elongation, strength, and stress–strain response. This gap
hinders the development of accurate constitutive models for computational simulations.
To address this gap, an experimental investigation of TPU 60A was conducted. Tensile
tests were performed at three test speeds (2 mm/min, 20 mm/min, and 200 mm/min)
and four printing orientations (0◦, 45◦/−45◦, 90◦, and quasi-isotropic configurations). By
systematically analyzing the effects of these variables, a detailed characterization of the
material’s mechanical properties is provided, which is necessary for predictive modeling
and simulation purposes.

The experimental data reveal the influence of different test speeds and printing ori-
entations on the mechanical behavior of TPU 60A, including the identification of ideal
stress–strain curves for each configuration. For constitutive modeling in simulations, the
most suitable model to represent TPU 60A’s behavior was determined. This model can be
used in simulations, using software such as Ansys (version 2023 R1), which will be used to
simulate the mechanical characteristics of soft grippers made in TPU 60A. By inputting the
experimentally obtained stress–strain data into Ansys, the software’s curve-fitting tool was
used to generate the required parameters for the selected constitutive model. This ensured
that the simulated material behavior closely matched the experimental results. Providing
these detailed parameters enables accurate replication of the material’s response in com-
putational analyses, easing the adoption of TPU 60A in various engineering applications
where simulations closely mirror real-world performance.

The key contribution of this work is the development and validation of a constitu-
tive model for TPU 60A that represents its mechanical behavior when testing different
test speeds and orientations. Integrating this model into Ansys software allowed for per-
forming numerical simulations of soft grippers made from TPU 60A, and comparing the
simulation results with experimental tensile test data demonstrated that the model predicts
material performance, with relative errors between simulated and experimental results
less than 5%, confirming the model’s validity. By providing empirical data and validated
constitutive models, this work explores the design and optimization of devices using
TPU 60A. Simulating the material’s behavior fastens the development process, reducing
the need for extensive physical prototyping and enabling more efficient iterations. In
addition, the authors also believe that this research work contributes to the field of soft
robotics—particularly to soft grippers—where material properties play a critical role in the
functionality and effectiveness of devices.

2. Materials and Methods

Following the recommendations of the datasheet for Filaflex TPU 60A of the manu-
facturer Recreus. Elda, Spain [12], the 3D printer must be properly configured, since the
material has a shore hardness of 60A, which is very elastic with a stretch ability of 950%.

It is important to note that the manufacturer does not provide specific details regarding
the exact printing conditions or methods used to achieve this value. The only information
available indicates that the tests were conducted following the DIN 53504-S2 standard [13].
This lack of detailed guidance may explain differences in results, regarding factors such
as printing parameters (e.g., nozzle temperature, infill density, or print speed), potential
imperfections introduced during the printing process (e.g., voids or layer adhesion issues),
and deviations in test conditions (e.g., strain rates or environmental factors) that can
significantly impact mechanical properties. Furthermore, the use of additive manufacturing
introduces anisotropic properties, which could also contribute to the observed variations in
elongation at break.
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In the present work, the 3D printer Artillery Sidewinder X1 (Artillery 3D Technology
Co., Ltd., Shenzhen, China) was used to manufacture the specimens. It has characteristics
that, within its market range, facilitate the printing of flexible polymers, such as TPU.
Primarily, a direct extrusion system and polytetrafluoroethylene (PTFE)-lined hotend allow
for a straightforward printing of flexible thermoplastics [14].

The tensile tests were carried out using a Shimadzu Autograph AGS-X-50 kN high-
performance universal testing machine (Shimadzu Group, Kyoto, Japan). It has a maximum
force capacity of 50 kN, an effective test width of 425 mm, and a maximum crosshead
displacement of 745 mm. It is equipped with TRAPEZIUM LITE X software (version: 1.0)
to control tests in real-time and to acquire data [15].

The open-source software UltiMaker Cura (version 5.0) [16], a Computer-Aided Man-
ufacturing (CAM) software, was used to convert the 3D models into the G-code that guides
the printing process. Table 1 presents the printing parameters adopted in the present work.

Table 1. Main specifications used in Cura software (version 5.0) for TPU 60A.

Specification Value Specification Value

Nozzle diameter 0.6 mm Line width 0.58 mm

Layer height 0.25 mm Printing temperature 230 ◦C

Infill density 100% Printing speed 20 mm/s

Infill pattern Lines Retraction distance 4.5 mm

Flow 200% Retraction speed 25 mm/s

Number of layers 16–ISO-527
8–ISO 37 Infill line directions [0◦; 45◦, −45◦; 90◦; Quasi-Isotropic]

The specimens were designed using SolidWorks software according to ISO 37 and ISO
527 standards [17,18], which were also followed when carrying out the tensile tests.

To investigate the time-dependent mechanical response of TPU 60A, the specimens
were tested at three different crosshead test speeds (v): 2 mm/min, 20 mm/min, and
200 mm/min. To verify the influence of printing orientations, four sample models were
printed, each containing eight specimens, meaning a total of 32 specimens. The samples
were printed in four different orientations: 0◦ (along the Y direction), 45◦, and −45◦, 90◦

(along the X direction), and a quasi-isotropic configuration covering the orientations of 0◦,
45◦, −45◦, and 90◦. This procedure was based on studies in the literature, such as those by
Naveed et al. [19] and Frenkel et al. [20], who investigated different printing orientations to
improve the mechanical behavior of specimens.

To comply with ISO 527 and ISO 37 standards, five specimens from each set of eight
were considered valid, respecting the requirement to test a minimum of five specimens
for each of the established test orientations [17,18], as seen in Figure 1, where it shows
the four different orientations in the software Ultimaker Cura. The variation in printing
orientation allowed for the analysis of how this variable affects the quality and accuracy of
tensile tests, offering a more detailed and representative view of the material’s performance.
This helps ensure that the material meets the specifications and requirements of technical
standards. To facilitate differentiation, the orientations were categorized by color: blue for
the longitudinal [0◦], green for the transverse [90◦] orientations, red for the quasi-isotropic
orientation [0◦, 45◦, −45◦, 90◦], and yellow for the [45◦, −45◦] orientation, as shown in
Figure 2. These four printing models follow the definitions in Table 1.

Table 2 summarizes the number of valid specimens and respective test speeds tested
for each orientation.
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(a) Orientation for the green samples at 0°. (b) Orientation for the green samples at 90°.

 
(c) Orientation for the red samples at 0°, 45°, 45°, and 90°. (d) Orientation for the yellow samples at 45° and 45°.

X 
Y Y 

X 
Y 

X 
Y 

X 
Figure 1. Orientation for the sample ISO 37: (a) at 0◦; (b) at 90◦; (c) at 0◦, 45◦, −45◦, and 90◦; (d) at
45◦ and −45◦.

(a) Batch of specimen according to ISO 527, type 1b. (b) Batch of specimen according to ISO 37, type 2.

0°

45°, 45°

90°
0°, 45°, 45° and 90°

0°
45°, 45°

90°
0°, 45°, 45° and 90°

Figure 2. Batch of printed samples categorized by color for different printing orientations: (a) ISO
527, type 1b.; (b) ISO 37, type 2.

Table 2. Summary of the characteristics of the TPU 60A characterization tests.

Tests Quasi-Isotropic 0◦ 45◦ and −45◦ 90◦

Number of valid specimens 13 10 10 10

Nomenclature of the specimens

QI-02-01;
QI-02-02;
QI-02-03;

QI-20-01;
QI-20-02;
QI-20-03;
QI-20-04;
QI-20-05;

QI-200-01;
QI-200-02;
QI-200-03;
QI-200-04;
QI-200-05;

O-20-01;
O-20-02;
O-20-03;
O-20-04;
O-20-05;

O-200-01;
O-200-02;
O-200-03;
O-200-04;
O-200-05;

F-20-01;
F-20-02;
F-20-03;
F-20-04;
F-20-05;

F-200-01;
F-200-02;
F-200-03;
F-200-04;
F-200-05;

N-20-01;
N-20-02;
N-20-03;
N-20-04;
N-20-05;

N-200-01;
N-200-02;
N-200-03;
N-200-04;
N-200-05;

Test speeds
(v) tested

2 mm/min;
20 mm/min; 20 mm/min; 20 mm/min; 20 mm/min;

200 mm/min; 200 mm/min; 200 mm/min; 200 mm/min;
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The presence of voids in the printed specimens also influences their mechanical
properties, leading to premature failure and reduced stiffness. Even though TPU 60A is
an elastomeric material, the voids formed during the printing process compromise its
resistance. Cross-sectional analysis, as shown in Figure 3, reveals that specimens printed
with high-humidity filament exhibit a greater number of voids compared to those printed
with low-humidity filament. These voids act as stress concentrators, weakening the material
and causing it to fail at lower strains than expected.

(a) QI-60A-HUM (+37%). (b) QI-60A-NONHUM (±22%).

(c) O-60A-HUM (+37%). (d) O-60A-NONHUM (±22%).

(e) F-60A-HUM (+37%). (f) F-60A-NONHUM (±22%).

(g) N-60A-HUM (+37%). (h) N-60A-NONHUM (±22%).

Figure 3. Cross-section area of the specimens with high and low humidity levels.

The cross-sectional analysis of the specimens shown in Figure 3 reveals the presence
of gaps and voids formed during the printing process. Specimens printed with filament at
higher humidity levels (+37%) exhibit a significantly greater number of voids compared to
those printed with low humidity filament (±22%). This analysis demonstrates a correlation
between filament humidity and void formation in the printed structures. Specifically,
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samples with higher humidity (Figure 3a,c,e,g) contain markedly more voids and gaps
within their microstructure than their dehumidified counterparts (Figure 3b,d,f,h).

The percentage of the void area within the samples was quantified using ImageJ
software (version 1.54i) [21], which provides an accurate and efficient method for analyzing
particles and void distributions in image data. Table 3 presents a comparison of void per-
centages for various samples under different humidity conditions, specifically highlighting
the significant impact of filament humidity levels on void formation.

Table 3. Comparison between the percentage of voids area inside the samples using ImageJ software.

Samples Voids Area

QI-60A-HUM (+37%) 12.13%

QI-60A-NONHUM (±22%) 2.80%

O-60A-HUM (+37%) 24.90%

O-60A-NONHUM (±22%) 3.87%

F-60A-HUM (+37%) 9.94%

F-60A- NONHUM (±22%) 3.76%

N-60A-HUM (+37%) 15.12%

N-60A-NONHUM (±22%) 2.98%

Effective control of filament humidity and printing conditions is critical for minimizing
void formation and enhancing the mechanical integrity and reliability of printed elastomeric
structures. Proper humidity management reduces void density, resulting in improved
durability and more consistent mechanical performance. These findings highlight the
critical role of filament preparation processes in additive manufacturing, particularly for
materials like TPU 60A, and provide practical insights for optimizing production workflows.
By ensuring reduced void formation, the material’s performance becomes more reliable
for applications requiring precise mechanical properties, such as soft robotics and other
specialized fields.

The results reveal a consistent trend: samples printed with higher humidity levels
(+37%) exhibit significantly greater void percentages compared to their low-humidity coun-
terparts (±22%). For instance, the quasi-isotropic configuration (QI-60A-HUM) exhibits
a void percentage of 12.13%, which is more than four times higher than its low-humidity
counterpart, QI-60A-NONHUM, at 2.80%. Similarly, the 0◦ orientation (O-60A-HUM)
shows the highest void percentage among all samples (24.90%), compared to only 3.87% for
its low-humidity equivalent. Similar patterns are observed for the 45◦/−45◦ (F-60A) and
90◦ (N-60A) orientations, where high-humidity samples have void percentages of 9.94%
and 15.12%, respectively, compared to 3.76% and 2.98% in their low-humidity counterparts.

The increased void density in high-humidity specimens can be attributed to moisture
absorption by the filament. During extrusion, the absorbed moisture evaporates, creating
bubbles that lead to voids within the material. These voids compromise the overall density
and mechanical integrity of the printed samples. Conversely, samples printed with lower
humidity levels demonstrate significantly fewer voids, reinforcing the importance of proper
filament drying and controlled environmental conditions in reducing void formation.

With this analysis, this test highlights the importance of dehumidifying filament both
before and during the 3D printing process. Dehumidification reduces moisture content,
thereby minimizing void formation and ensuring more uniform and dense material depo-
sition. By eliminating these defects, the mechanical performance of printed components
is significantly enhanced, resulting in increased strength, superior surface finish, and
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greater reliability. This is particularly important for applications that demand precise and
consistent material properties.

Thus, specifically for this work, the TPU 60A filament was dried using a desiccant
dryer, and the filament was kept inside the dryer throughout the printing process to
maintain the lowest possible humidity levels. During the tests, the ambient humidity level
was controlled at approximately 22%.

3. Results

The experimental characterization of tensile mechanical properties was carried out
according to ISO 37 and ISO 527 standards [17,18]. During the tests, the data were acquired
at a rate of 1 Hz for a crosshead test speed (v) of 2 mm/min, and at a rate of 10 Hz for
crosshead displacements of 20 mm/min and 200 mm/min. The data collected during the
tests were post-processed using routines developed for this study. For the sake of further
reproducibility by third parties, these routines are available on GitHub [22].

3.1. Printing Orientation Quasi-Isotropic

First, three quasi-isotropic specimens, i.e., those with layers printed at [0◦/45◦/−45◦/90◦],
were tested until failure at a test speed (v) of 2 mm/min. The engineering stress–strain
curves obtained throughout the tests are presented in Figure 4, with the peak stresses
indicated by the red markers. From Figure 4, it can be verified a good consistency between
the mechanical response until the specimens reach strain levels of 300%. From this point,
small deviations are noticed, which can be attributed to imperfections in the specimens that
were induced by the manufacturing process. After testing the specimens at a test speed (v)
of 2 mm/min, considerable stress relaxation effects were observed, which directly affect
the mechanical response of the material. For this reason, this test speed was not adopted
throughout the other tests.

Figure 4. Tensile engineering stress–strain curves for quasi-isotropic samples tested at 2 mm/min.

Additionally, the stress–strain analysis of quasi-isotropic TPU 60A specimens tested
at a test speed (v) of 20 mm/min reveals consistent mechanical behavior during the
elastic phase, with near-linear stress increases up to around 600% strain and minimal
standard deviation, indicating effective load distribution within the material’s internal
structure. Beyond this point, the material enters the plastic regime, where notable variability
emerges among the samples. Maximum stress values range from 7.39 N/mm2 (QI-20-01)
to 8.52 N/mm2 (QI-20-04), with differences in strain at rupture, suggesting the presence
of internal defects like voids or micro-cracks, likely introduced during the 3D printing
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process. QI-20-04 and QI-20-05, exhibiting the highest stress and strain values, indicate a
more robust material structure, while earlier ruptures in QI-20-01 and QI-20-02 point to
potential flaws in printing conditions.

The average results for the quasi-isotropic specimens at 20 mm/min are shown in
Figure 5, with stress increasing steadily up to approximately 7.81 N/mm2 around 700%
strain. The standard deviation remains low throughout most of the test but increases
slightly near maximum stress values, reflecting greater variability as the material reaches
its deformation limit. In this analysis, QI-20-01 shows a consistent stress increase up to
the point of maximum deformation at around 600% strain. QI-20-02 and QI-20-03 achieve
higher maximum stress values, suggesting enhanced material strength before rupture.
QI-20-04 and QI-20-05 stand out with the highest stress and strain values, indicating a more
robust material structure.

Figure 5. Stress (N/mm2) vs. Strain (%) for quasi-isotropic samples at 20 mm/min.

The stress–strain analysis for tests conducted at a test speed (v) of 200 mm/min, shown
in Figure 6, reveals higher stress levels achieved at lower strain intervals compared to the
20 mm/min tests, indicating the influence of viscoelastic effects at higher testing speeds.
The maximum average stress reached approximately 9.78 N/mm2 at around 727% strain.
The standard deviation initially remains low but starts to increase beyond 600% strain,
similar to the trend observed in the previous test, indicating greater dispersion of stress
values as the deformation nears its upper limit.

Figure 6. Stress (N/mm2) vs. Strain (%) for quasi-isotropic samples at 200 mm/min.
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The results for this orientation exhibit consistent performance, with most rupture
points occurring between 600% and 700% strain, except for one sample breaking between
700% and 800%.

The analysis across all test speeds highlights the significant impact of testing speed
on tensile strength which can be seen in Figure 7. The green curve, representing the
200 mm/min rate, shows a higher maximum stress compared to the orange curve
(20 mm/min) and the blue curve (2 mm/min), illustrating that lower test speeds result in
lower stress. For all test speeds, the material displays a consistent increase in stress up to
about 600% strain, followed by a gradual decrease in the stress growth rate as the deforma-
tion progresses. Beyond 700–800% strain, the stress values begin to decline, marking the
onset of specimen failure.

Figure 7. Stress (N/mm2) vs. Strain (%) for the averages of the quasi-isotropic specimens at
2 mm/min (blue), 20 mm/min (orange), and 200 mm/min (green).

The tests conducted at a rate (v) of 200 mm/min resulted in the highest stresses
throughout the test, which suggests that increasing the traction speed can increase the
mechanical resistance of TPU 60A. This can be explained by the fact that at higher test
speeds, the material has less time to accommodate plastic deformation, resulting in more
elastic and resistant behavior. In the case of the (v) of 2 mm/min test speed, on the other
hand, it led to a more moderate response, with the material reaching lower stress levels
for the same deformation. This may be related to a higher relaxation rate of the material
when subjected to a lower loading rate, allowing TPU 60A to deform in a more controlled
manner and therefore generate lower stresses. For this reason, the tests in terms of test
speed (v) of 20 mm/min show an excellent balance between the two test speeds tested.

The mechanical performance of TPU 60A is strongly influenced by testing speed,
as shown in Figure 7, across the three strain rates. At higher strain rates, the material
demonstrates increased stiffness, enabling robotic grippers to handle heavier loads and
resist sudden impacts, which is essential for tasks requiring strength and durability. Con-
versely, at lower strain rates, TPU 60A retains sufficient flexibility, making it suitable for
the delicate handling of fragile or irregularly shaped objects without causing damage. This
balance between stiffness and flexibility is particularly important for optimizing robotic
gripper performance across a wide range of applications. The viscoelastic properties of
TPU 60A allow designers to adapt gripper designs to specific requirements, such as ac-
commodating varying loading speeds or ensuring precise manipulation of sensitive items.
By tailoring gripper configurations to leverage these properties, the material’s efficiency
and adaptability in industrial, agricultural, and other specialized settings are significantly
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enhanced. These insights underscore TPU 60A’s versatility and its critical role in advancing
soft robotics technologies.

3.2. Printing Orientation 0◦

For the specimens printed at a 0◦ orientation and tested at a test speed (v) of
20 mm/min, the average stress curve, seen in Figure 8, follows a relatively constant upward
trend until around 700% deformation, where the stress reaches its maximum value close to
12 N/mm2. This indicates that the material has an elastic and linear behavior during the
initial deformation phase. After the maximum stress point, there is a significant decrease in
its value, with sharp drops, suggesting a phase of partial rupture and progressive failure of
the material, where some strands of deposited material or internal layers may have begun
to break down.

Figure 8. Stress (N/mm2) vs. Strain (%) for specimens with orientation of 0◦ at 20 mm/min.

In terms of behavior after the stress peak, i.e., after 700% deformation, the curve shows
a series of fluctuations, with abrupt drops and subsequent increases, which may indicate
the rupture of different layers of material. During this phase, the material still retains some
of its structural integrity, but the fluctuations indicate intermittent failures, probably due
to the orientation of the layers in relation to traction. In addition, the standard deviation,
represented by the shaded area, increases significantly after the point of maximum tension,
suggesting greater variability between the specimens tested. This phenomenon can be
attributed to the increased fragility of the material as deformation progresses, causing the
internal layers to fail unevenly. The presence of voids within the specimen collaborates
with this non-uniform failure, further compromising the material’s integrity, such as what
happened with the tests O-20-01 and O-20-02.

Along the 0◦ orientation the printed layers are aligned to the direction of the load,
and it is then expected to make the material stronger to a certain extent, but also more
susceptible to failure due to delamination between layers. Regarding the final deformation
phase occurring after 700%, the sharp drops indicate a widespread material failure, where
multiple rupture points seem to occur in sequence. The stress curve tends to drop sharply,
and the standard deviation expands further, indicating the unpredictability of the mechani-
cal behavior at this extreme deformation stage. The post-peak behavior reveals the gradual
rupture of the deposited material strands, with the material continuing to give way under
the load until complete failure.

Figure 9 shows that the 0◦ specimens subjected to a test speed (v) of 200 mm/min
exhibit predictable elastic behavior up to around 700% strain, with stress close to 10 N/mm2.
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A very similar range of results obtained with the 0◦ specimens tested at a test speed (v) of
20 mm/min.

Figure 9. Stress (N/mm2) vs. Strain (%) for specimens with orientation of 0◦ at 200 mm/min.

After this point, the material enters a progressive failure phase, with fluctuations
in stress and a considerable increase in standard deviation, reaching a maximum stress
of 10.89 N/mm2. This suggests variability between the specimens regarding failure be-
havior. For example, in specimen O-200-03, a minor failure occurs between 700% and
800% deformation, after which the test continues until complete failure is reached at 900%
deformation. This happens because the deviation observed in sample O-200-03 likely stems
from early, partial failures within its deposited material strands. The higher test speed
seems to contribute to a slightly better tensile performance of the material, although the
final failure phase continues to show significant variations in the mechanical response of
the specimens.

In this case, the localized, partial failures in the specimen’s deposited material strands
can dominate the expected viscoelastic response. Typically, lower speeds allow for more
time-dependent deformation and relaxation, which would reduce the overall stress. How-
ever, when certain strands fail prematurely, the load redistributes irregularly, forcing the
remaining intact strands to carry more stress and exhibit more “elastic-like” behavior. This
disruption masks the usual viscoelastic effects and results in unexpectedly higher stress
values at lower testing speeds.

It is also worth noting that, in these cases, despite the partial rupture of the deposited
material strands of the specimens indicated in the graphs by the drops in stress values, the
test continues until the final rupture of all the deposited material strands.

3.3. Printing Orientation 45◦ and −45◦

In tests involving specimens oriented at 45◦ and −45◦ with a test speed (v) of
20 mm/min (Figure 10), failure occurred in two different zones: specimens F-20-01, F-
20-02, and F-20-05 broke between 500% and 600% strain. F-20-03 and F-20-04 ruptured
between 600% and 700%, and once after exceeding 700% strain. Throughout these tests,
stress values remained relatively constant, ranging from 5.7 to 6.17 N/mm2. The average
stress curve exhibited a linear increase up to approximately 550% strain, reaching a peak of
around 5.72 N/mm2, followed by a stabilization phase where stress levels stayed between
5 and 6 N/mm2 up to 700% strain. The low standard deviation indicates high consistency
among the specimens. Unlike 0◦ orientations, the 45◦ and −45◦ specimens did not display
a sharp stress drop after reaching maximum stress. Instead, the inclined orientation of the
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material strands allowed for a more gradual load distribution and controlled deformation,
resulting in sustained strength after the stress peak.

Figure 10. Stress (N/mm2) vs. Strain (%) for specimens with orientation of 45◦ and −45◦ at
20 mm/min.

When tested at a higher test speed (v) of 200 mm/min (Figure 11), three specimens
(F-200-02, F-200-03 (around 500%), and F-200-04) ruptured between 500% and 600% strain
with stress values between 6.6 N/mm2 and 7.59 N/mm2. The remaining two specimens
broke after 700% strain, exhibiting a significant decrease in maximum stress to 5.83 N/mm2

and 6.17 N/mm2, respectively. This behavior highlights the influence of strain rate on
the failure characteristics of 45◦ and −45◦-oriented specimens, showing their consistent
performance at lower rates and variable outcomes at higher rates.

Figure 11. Stress (N/mm2) vs. Strain (%) for specimens with orientation of 45◦ and −45◦ at
200 mm/min.

Additionally, the average stress curve increased linearly up to approximately 500%
strain, reaching a peak of around 7 N/mm2. Beyond this point, the stress stabilized,
fluctuating slightly between 6 and 7 N/mm2 until the test concluded at around 750%
strain. Similar to tests conducted at a lower test speed of 20 mm/min, the 45◦ and −45◦

specimens did not exhibit an abrupt stress drop after reaching maximum stress. Instead, the
material maintained its tensile resistance, indicating controlled deformation. This sustained
strength suggests that the layer orientation facilitates even load distribution during the
final deformation phase, ensuring stability and preventing sudden failure.
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The specimens showed high consistency with minimal variability up to around 400%
strain. The 45◦ and −45◦ orientations were less resistant than 0◦ due to misalignment with
the tensile direction, leading to earlier failure. Testing at a higher test speed of 200 mm/min
slightly increased maximum stress and resulted in a smoother stress stabilization phase,
indicating improved load management and reduced risk of abrupt failure compared to a
lower rate of 20 mm/min.

3.4. Printing Orientation 90◦

The specimens printed at 90◦ tested at a strain rate of 20 mm/min shown in Figure 12
ruptured at lower strain percentages due to the perpendicular orientation of their material
strands relative to the applied load. This alignment reduces their tensile resistance, leading
to earlier failure compared to specimens with other printing orientations. The delamination
between layers, caused by this perpendicular alignment, significantly limits the specimens’
ability to withstand higher stress and strain levels. Specifically, specimens N-20-01, N-20-02,
and N-20-05 failed between 200% and 300% strain, while N-20-03 and N-20-04 ruptured
between 300% and 400% strain. This result indicates that rupture occurs more quickly
under these conditions. In addition to reaching lower maximum stresses, ranging between
2.77 N/mm2 and 3.47 N/mm2, this happens precisely because the deposited material
strands of the specimens are oriented in the opposite direction to the test, resulting in less
resistance and leading these specimens to break earlier than the others.

Figure 12. Stress (N/mm2) vs. Strain (%) for specimens with orientation of 90◦ at 20 mm/min.

When analyzing the average results for specimens printed at a 90◦ orientation, the
stress–strain curve exhibits a linear increase up to approximately 250% strain, reaching a
maximum stress of about 3.09 N/mm2. Beyond this point, the stress stabilizes at around
3 N/mm2, indicating a zone where the material cannot sustain further strain increases
with corresponding stress growth. The standard deviation remains low and consistent
throughout most of the test, demonstrating uniform behavior among specimens, with only
slight variability in the later stages.

Compared to other orientations (0◦, 45◦, and −45◦), the 90◦ specimens exhibit signifi-
cantly lower strain capacity. This reduced performance is attributed to the perpendicular
alignment of the printed layers relative to the tensile direction, which promotes delam-
ination and layer separation, thereby limiting the material’s ability to withstand stress
and strain.

For specimens printed at 90◦ and tested at a higher test speed (v) of 200 mm/min
(Figure 13), two specimens (N-200-01 and N-200-04) failed between 500% and 600% strain

66



Materials 2025, 18, 240

with stress values ranging from 5.99 N/mm2 to 6.34 N/mm2, while the remaining speci-
mens N-200-02, N-200-03, and N-200-05 broke between 300% and 500% strain. The average
stress curve maintained a linear trend up to approximately 500% strain, reaching nearly
5 N/mm2, indicating consistent elastic behavior. Unlike tests conducted at 20 mm/min,
the higher tensile speed enhanced the material’s tensile strength, allowing strains up to
over 550%. However, the standard deviation increased significantly after 400% strain, re-
flecting greater variability due to layer separation. Despite the higher test speed improving
stress resistance, the 90◦ specimens still demonstrated limited strain capacity and increased
vulnerability to failure compared to other orientations.

Figure 13. Stress (N/mm2) vs. Strain (%) for specimens with orientation of 90◦ at 200 mm/min.

Testing at a higher test speed of 200 mm/min increased maximum stress and strain
capacity slightly but also introduced greater variability in results. Overall, the 90◦ orien-
tation compromises material strength and deformation capacity, especially under higher
strain rates.

Based on the graphs presented in Figures 12 and 13, it can be observed that the 90◦-
oriented specimens face an additional challenge, as the print orientation is perpendicular
to the direction of the applied load during the tensile tests. This results in lower structural
resistance since the printed layers are arranged perpendicular to the axis of force, making
the specimens more susceptible to failure due to delamination or rupture between layers,
compared to different orientations. The anti-parallel layer arrangement directly affects the
ability to withstand higher stress, as evidenced by the test results.

4. Discussion

4.1. Selection of Printing Orientation

When analyzing the graphs of all orientations at v = 20 mm/min, the orientation
that withstands the greatest stress × strain is the orientation when the material was
printed at 0◦. However, this is not a uniform relationship, as throughout the process, the
deposited material strands were breaking, as can be seen in the fluctuations that occur in this
sample. Additionally, since the orientation aligns with the machine’s process (vertically),
the specimen withstood the stress and continued to perform until the total rupture of its
deposited material strands. It is worth noting that the quasi-isotropic orientation, after the
0◦ orientation, shows the best results at v = 20 mm/min, and it is also the best orientation at
v = 200 mm/min (Figures 14 and 15), in addition to being a more uniform curve and thus
providing greater reliability in its results. This orientation also showed a smoother and
more predictable stress–strain response, indicating a state of greater “equilibrium”. It better
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represents the 3D printing process, as it incorporates multiple printing directions, effectively
distributing stress more uniformly across the material. These qualities make quasi-isotropic
orientation more suitable for practical applications and for use in computational simulations
where consistency and predictability are critical.

Therefore, it was selected to be used in the computational simulations performed in
the Ansys software.

Figure 14. Stress–Strain of printing orientations at (v) of 20 mm/min.

Figure 15. Stress–Strain of printing orientations at (v) of 200 mm/min.

Analyzing Figures 14 and 15, it is evident that the printing orientations significantly
influence the material’s mechanical behavior. To enhance uniformity, the top and bottom
layers of the specimens, which were originally aligned parallel to the printing bed in a 0◦

orientation, were removed during the printing process. These layers often have a distinct
infill pattern and density compared to the rest of the specimen, potentially leading to
variations in mechanical properties. Removing them ensures a more consistent structure
and allows for a more accurate assessment of the material’s performance.

By removing these layers, the uniformity of the material’s structure is enhanced, as
the remaining infill and layers maintain consistent orientation and density throughout the
specimen. This approach ensures that the mechanical behavior observed during testing is
not influenced by the additional stiffness or strength contributed by the top and bottom
layers, allowing for a more accurate evaluation of the material’s anisotropic properties and
its response to tensile loading.

There may also have been manufacturing process failures, such as:
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1. Material accumulation or shortage in certain areas during sample fabrication, espe-
cially in regions with higher concentrations of localized stresses.

2. Variations in the stiffness of the specimens.
3. Batches of specimens printed on different days.
4. The printers, being frequently used, may have experienced undesirable configura-

tion changes, resulting in slack that causes variations and affects the fabrication of
the specimens.

The orientation for the quasi-isotropic TPU 60A specimens was chosen with the
objective of obtaining more predictable and consistent material behavior up to rupture.
When analyzing the stress vs. strain graphs, the 0◦ orientation showed greater resistance
up to around 700% strain, reaching the highest maximum stress. However, the rupture that
occurred after this point was not uniform, with sharp drops and visible fluctuations in the
curve, which indicates gradual and less controlled failures in the material.

On the other hand, the quasi-isotropic orientation showed more uniform behavior
throughout the test. Despite withstanding slightly lower stresses than the 0◦ orientation,
the material showed a smoother and more continuous curve, with a clean and less abrupt
rupture. This suggests that the material distributes the stress better in different directions,
resulting in a more predictable and controlled failure. The consistency of the quasi-isotropic
curve also indicates greater material reliability in this orientation, which is important for
applications where failure prediction and material integrity are essential.

Therefore, the quasi-isotropic orientation was chosen for the simulations as it offers a
more stable and reliable representation of the behavior of TPU 60A up to rupture, without
the fluctuations observed in the 0◦ orientation, which can compromise the accuracy of the
results and performance analysis in critical applications.

The quasi-isotropic orientation, identified as the most balanced and predictable config-
uration in this study, offers valuable insights for real-world applications in soft robotics. Its
ability to uniformly distribute stress across multiple directions enhances the reliability and
adaptability of grippers in handling tasks, particularly those involving irregularly shaped
or fragile objects. This characteristic is crucial for applications where mechanical failure
could result in damage to sensitive items or inefficiencies in automated systems. Addi-
tionally, the uniform mechanical behavior associated with the quasi-isotropic orientation
minimizes stress concentrations, which could optimize material usage by reducing wear
and extending the operational lifespan of soft robotic components.

In industrial and agricultural settings, the benefits of the quasi-isotropic orientation
are particularly pronounced. For example, soft robotic grippers designed with this config-
uration can provide the strength required for tasks like automated harvesting of delicate
produce, such as fruits or vegetables, while maintaining the flexibility needed to adapt
to varying shapes and textures. Similarly, in assembly lines, grippers configured with
quasi-isotropic orientations can handle sensitive items without compromising precision or
causing damage, thus ensuring both efficiency and product integrity.

Furthermore, the findings from this study highlight the potential for TPU 60A, when
paired with quasi-isotropic printing, to drive innovations in soft robotics. By offering a
reliable and versatile material configuration, these results can guide the development of
more robust and adaptable gripper designs tailored to specific applications. This integration
of experimental data and practical applications highlights the critical role of material and
orientation optimization in advancing the field of soft robotics.

Despite TPU 60A being an elastomeric material, practical tensile tests have confirmed
that the printing orientation greatly affects its mechanical performance. The experimental
results showed significant variations in tensile strength and maximum elongation based on
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the layer deposition direction during additive manufacturing. This indicates the material’s
inherent anisotropy when fabricated via FFF, requiring consideration of printing orientation
in the design and practical use of TPU 60A components.

4.2. Computational Simulation Validation

For computational simulations, the finite element method was used. In the context of
the numerical simulations performed in the commercial software Ansys [23], the equilib-
rium equations are applied to each finite element that makes up the mesh of the model.
The software solves these equations at each node of the mesh, ensuring that the system is
in static or dynamic equilibrium during the analysis. In the case of these simulations, the
internal forces generated by material stresses are counterbalanced by the applied external
forces, which are represented as displacements.

In addition, the Ansys software, when carrying out simulations of non-linear structural
behavior, uses the Newton–Raphson method to solve the system of non-linear equations
associated with the analysis. This method is used in non-linear problems due to its efficiency
in guaranteeing convergence [24]. The procedure involves an iterative approximation of the
solution, where at each iteration the system of differential equations is linearized around an
estimated equilibrium point, and the internal and external forces are adjusted. During each
step of the simulation, Ansys recalculates the deviation between the applied forces and the
internal reactions, making successive corrections until the difference is small enough to
reach convergence. The exact solution to the problem occurs when equilibrium between
the forces is reached [25].

After reaching convergence using the Newton–Raphson method, the system is solved
using numerical methods for solving systems of linear equations, such as matrix decompo-
sition or iterative methods, depending on the complexity of the model and the number of
variables involved. This process ensures that the responses generated, such as displace-
ments and stresses, are calculated accurately and conform to the conditions imposed in the
model, providing reliable results that are consistent with the simulated physical reality.

The cube and the specimen simulations serve distinct but complementary purposes
in this study. The simulation of the cube is primarily aimed at determining the most
suitable constitutive relationship for the material, given its simplicity and efficiency in
simulation. This approach allows for an effective comparison of different material models
and the calibration of parameters to closely match experimental data. On the other hand,
the simulation of the specimen is performed to validate the robustness and reliability of
the selected constitutive model. By demonstrating that the adopted model accurately
represents the material’s behavior under realistic conditions, it ensures that the simulation
framework can effectively predict the performance of the material in practical applications.
This dual approach—simplifying with the cube and verifying with the specimen—provides
a comprehensive understanding of the material’s mechanical response and strengthens the
confidence in its use for design and application in soft grippers or similar devices.

In Ansys, for both the unit cube and the specimen, a high-density mesh with au-
tomatic resolution and level 3 refinement (maximum) was applied. This configuration
ensures that the mesh quality is balanced, providing sufficient resolution to accurately
capture the material’s behavior in the regions of interest without compromising computa-
tional efficiency. The element size was standardized and controlled by the program, with
adaptive behavior and quick transitions between mesh regions to ensure precision and
numerical convergence.

For the unit cube, quadratic hexahedral elements (Hex20) were automatically selected
by the program. This type of element is used for regular geometries and performs well in
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terms of accuracy and computational efficiency. The cube’s mesh consists of 8281 nodes
(2197 corner nodes and 6084 intermediate nodes) and 1728 elements, with 3 degrees of
freedom per node. The unit cube schematic representation of boundary conditions is shown
in Figure 16a. Due to the geometry of the adopted specimen, second-order tetrahedral
elements (Tet10), with 3 degrees of freedom per node, were used in the discretization. In
fact, these types of elements are known to be particularly suitable for meshes with complex
geometries. In terms of mesh properties, the specimens were discretized into 6217 elements
with 12,602 nodes in total (2185 corner nodes and 10,417 intermediate nodes). The region of
greatest interest is the gauge length section, and an example of the schematic representation
of the adopted boundary conditions is shown in Figure 16b.

(a) (b)

X  0 mm 
Y  0 mm 

Z  0 mm 

Y’  50 mm 

Z  0 mm X  0 mm Y  0 mm 

Y’  50 mm 

Figure 16. Schematic representation of Boundary conditions for: (a) Unit Cube; (b) Specimen.

For the unit cube model, four constitutive models were selected for testing: Neo-
Hookean, 2nd Order Polynomial, 3rd Order Yeoh, and 3rd Order Ogden. These models
were identified for their ability to accurately represent the non-linear elastic behavior of
flexible gripper materials. The stress–strain curve of the four constitutive models considered
for selection is shown in Figure 17.

Figure 17. Constitutive models and average experimental test data for TPU 60A with quasi-isotropic
orientation at v = 20 mm/min.

By analyzing Figure 17, it becomes evident that the 2nd Order Polynomial model is the
most promising among the evaluated options. Additionally, the coefficient of determination
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(R2) values for all the tested mathematical models, as presented in Table 4, further support
this conclusion.

Table 4. Coefficient of determination (R2) values for different material models.

Models Values of Coefficient of Determination (R2)

2nd Order Polynomial model 0.9993

3rd Order Yeoh model 0.9843

3rd Order Ogden model −0.8049

Neo-Hookean model 0.9857

Thus, the 2nd Order Polynomial model has the highest R2 value, demonstrating the
best fit to the experimental data. This strong correlation supports our selection of this model
for accurately representing the mechanical behavior of TPU 60A in the simulations. And,
to validate its accuracy, a coefficient of determination (R2) value of 0.9986 was achieved
between the experimental data and the model, demonstrating that it captures nearly all
the variability in the data and provides a highly reliable representation of the stress–strain
behavior. Additionally, as highlighted by Jaiswal et al. [26], recent studies have shown that
this model effectively represents the mechanical response of similar materials, accurately
capturing viscoelastic deformations under varying loading conditions. This has been
consistently validated through multiple computational simulations and comparisons with
experimental results.

Figure 18 shows the comparison between the stress observed in the experimental
study and the simulations of the unit cube and the specimen. The close correspondence
between the curves confirms that the constitutive model is appropriate for predicting the
material’s mechanical behavior, ensuring the model’s reliability.

Figure 18. Comparison between the average stresses of the experimental data, the simulation data of
the specimens, and for the unit cube.

As a result, the graph in Figure 18 was generated, showing three curves, one for
the actual average stress (in blue), other for the interpolated stress that occurred in the
computational simulation for the specimen (in orange), and the computational simulation
of the unit cube data (in green).

According to Ansys [27], the equation for the 2nd Order Polynomial model is as follows:

ψP =
N

∑
m+n=1

Cmn ×
(

I1 − 3
)m × (

I2 − 3
)n

+
N

∑
k=1

1
dk

× (J − 1)2k, N = 2 (1)
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where ψP = strain-energy potential; Cmn = Material constants; I1 is the first deviated
principal invariant; I2 is the second invariant of the isochoric left or right Cauchy–Green
deformation tensor; dk = material incompressibility parameters; J = determinant of the
elastic deformation gradient F; N = material constant. The initial shear modulus is defined
as Equation (2):

μP = 2 × (C10 + C01) (2)

and the initial bulk modulus for this case is defined as Equation (3):

KP =
2
dk

(3)

Material constants are used to define the parameters of the 2nd Order Polynomial con-
stitutive model, which describes the material’s mechanical behavior under stress. Together,
these constants calibrate the 2nd Order Polynomial model to match the experimental data,
ensuring the simulation accurately reflects the mechanical behavior of the material under
various loading scenarios. These values are listed in Table 5.

Table 5. Material constants (Cmn) and incompressibility parameters (d1, d2) of the 2nd Order Polyno-
mial constitutive model, as related to Equation (1).

Constants Value

Material constant 10 [Pa] 2.6643 × 105

Material constant 01 [Pa] 6.6007 × 105

Material constant 20 [Pa] −7852.1

Material constant 11 [Pa] 80, 523

Material constant 02 [Pa] −1.6973 × 105

Incompressibility parameter d1 [Pa−1] 0

Incompressibility parameter d2 [Pa−1] 0

It is important to note that the coefficients used in the constitutive models are generated
automatically by Ansys in the materials tool, based on the experimental data entered. The
software accurately adjusts the data to calculate the necessary coefficients. It is then
necessary to select the curve that best represents the material’s constitutive behavior,
ensuring equivalence with the tensile tests carried out.

Thus, the constitutive model that best represents the curve is defined using
Equation (4).

y = −7 × 10−6x2 + 0.018x + 0.7173 (4)

Equation (4) describes the relationship between stress and strain in the material as
predicted by the model. This equation allows for interpolation and extrapolation of data,
enabling the prediction of material behavior under different strain conditions. Moreover, it
provides a mathematical representation that can be directly implemented in computational
simulations, ensuring consistency and accuracy when comparing experimental and sim-
ulated results. The high R2 value associated with this equation further demonstrates its
reliability in capturing the material’s mechanical response.

It is important to note that, although the software automatically selected different
types of elements for the cube and the specimen, the simulation results remain valid. In the
case of the cube, Hex20 elements were used, while the specimen was modeled with Tet10
elements. This is because both types of elements, when properly configured and refined,
can capture the mechanical behavior of the material in the regions of interest. Figure 19
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displays the distribution of normal stress values during the numerical test at 0.5 s, as
visualized in the Ansys software.

The stress–strain diagrams presented in Figure 18 show three distinct datasets: (1) the
results from the elongation of the unit cube in numerical simulations, (2) the results from
the elongation of the ISO specimen in numerical simulations, and (3) the tensile test results
of ISO specimens obtained experimentally.

The unit cube simulation was conducted to identify the most suitable constitutive
relationship for the material, leveraging its simplicity and simulation efficiency. This
approach facilitated an effective comparison of different material models and enabled the
calibration of parameters to closely match experimental data. By using the stress–strain
data obtained experimentally, the numerical simulations of the unit cube established a solid
foundation for selecting the most appropriate constitutive model. Once calibrated, this
model was applied to simulate the tensile behavior of the ISO specimens, enabling a direct
comparison with the experimentally obtained tensile test data. This process successfully
validated the constitutive model’s ability to accurately predict the material’s mechanical
response under practical conditions.

Figure 19. Specimen during a simulation at 0.5 s with scale of 1:2.

On the other hand, the numerical simulation with the specimen is conducted to vali-
date the robustness and reliability of the selected constitutive model. By demonstrating that
the adopted model accurately represents the material’s behavior under realistic conditions,
it ensures that the simulation framework can effectively predict the material’s performance
in practical applications. This dual approach—simplifying with the unit cube and verifying
with the specimen—provides a comprehensive understanding of the material’s mechanical
response and reinforces confidence in its use for different designs, such as the application
of soft grippers or similar devices.

In Figure 18, the stress–strain curves compare the results from the numerical simulation
of the ISO specimen, unit cube, and the experimental tensile test data. It is important to
note that the stress values in this figure correspond to the averaged global response of the
material and are not directly comparable to the localized stress values shown in Figure 19,
which shows the distribution of normal stress during the numerical tensile test of the ISO
specimen at 0.5 s, as simulated in Ansys software. The legend in this figure displays the
range of stress values, with a maximum value of 71.135 MPa at the specified moment in the
simulation. This value represents the localized stress at specific nodes and is derived from
the computational model.
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The R2 value for the comparison between the cube data and the specimen data is
0.9927. Also, the R2 value was calculated for the comparison between the cube data and
the experimental data, which is 0.9714, and the R2 value for the comparison between the
specimen data and the experimental data, which is 0.9892. These results indicate a good
fit and high agreement between the two datasets. Having high R2 value confirms that
the simulation model is well-calibrated and effectively captures the material’s mechanical
behavior. Furthermore, it validates that the material properties defined for the simulation
align closely with the experimental observations, ensuring the reliability and accuracy of
the simulation in predicting the material’s stress–strain response.

Then, in this simulation, the maximum force reached was 62.132 N. All the data was
divided by the initial cross-section area (A0 = 8.00 mm2), reaching a maximum stress of
7.81 N/mm2 for the experimental values and a maximum stress value of 7.77 N/mm2 for
the simulation results. This means that although the specimen breaks at approximately
372.50 mm of displacement in practice, the maximum force reached occurs at approxi-
mately 360.50 mm, approximately 13.00 mm after that predicted in the simulation. The
simulation is experimentally validated, with only an absolute stress error of 0.04 N/mm2,
corresponding to a relative error of approximately 0.5%.

To validate the model, the relative errors of both force and displacement were calcu-
lated. The Relative Error of the Maximum Stress (ErSm) is given by Equation (5):

ErSm(%) =

(
7.81 − 7.77

7.77

)
× 100

ErSm(%) ∼= 0.51%
(5)

The Relative Error of the Displacement where the Stress is Maximum (ErDm) is given
by Equation (6):

ErDm(%) =

(
360.54 − 346.00

360.54

)
× 100

ErDm(%) ∼= 4.03%
(6)

In addition, the force error was calculated at the exact point of 346 mm, and it was
first necessary to carry out a linear interpolation of the average of the realized force, which
is given by Equation (7):

y = y1 +
(x − x1)

(x2 − x1)
× (y2 − y1) (7)

where, according to the data taken from the average stress × strain, the following values
are approximated to 15 decimal places: x1 = 345.61 mm; y1 = 61.57

8.00 N/mm2; x2 = 346.35 mm;
y2 = 61.61

8.00 N/mm2; x = 346.00 mm. This is given by Equation (8):

y = 61.57
8.00 +

(346.00 − 345.61)
(346.35 − 345.61)

×
(

61.61 − 61.57
8.00

)

y ∼= 7.70 N/mm2
(8)

Then, the relative error where the displacement of 346 mm occurs is given by Equation (9):

Erd(%) =

∣∣∣∣61.59 − 62.13
61.59

∣∣∣∣× 100

Erd(%) ∼= 0.88%
(9)

In the Ansys software, the TPU 60A material was created in the Engineering Data
section and the 2nd Order Polynomial model was added. In the properties table, it was
noted that the material has a density (ρ) of 1070 kg/m3 and that the tests were carried out
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at room temperature (T = 22 ◦C). The average displacement (mm/mm) and stress (N/mm2)
values for 500 points of the quasi-isotropic specimens at v = 20 mm/min were added to
the uniaxial test section. The curve was adjusted and the results copied to the creation of
the material.

Thus, it was noticed that exploring different constitutive models helps to accurately
capture the complex mechanical behavior of materials under various loading conditions.
Models such as the 2nd order polynomial, 3rd order Ogden, Neo-Hookean, and 3rd order
Yeoh provide distinct approaches to describing the stress–strain relationship, each suited
to specific material characteristics. Comparing these models against experimental data
helps identify the most accurate representation, optimize simulation performance, and
understand the limitations of each model. This ensures reliable predictions and better
alignment with the material’s real-world behavior.

4.3. Real-World Applications and Challenges of TPU 60A

TPU 60A has proven its utility in various real-world applications, particularly in
industries requiring flexibility and adaptability. In soft robotics, it serves as a material of
choice for grippers due to its capacity to handle delicate objects without causing damage, as
observed by Gaafar et al. [28], who introduced the design for a JD-printed soft pneumatic
bending actuator, material characterization, and 3D printing parameter optimization of
flexible material with 60A shore hardness. This makes this application valuable in agricul-
ture for harvesting fruits and vegetables and in the food industry for manipulating fragile
items during packaging processes. Similarly, TPU 60A is used in the manufacturing of
wearable medical devices and assisted technologies, since its elasticity ensures comfort and
functionality. Despite these advantages, practical applications face some challenges, such
as material fatigue under cyclical loads, sensitivity to environmental factors like humidity,
and limitations in large-scale manufacturing. Addressing these challenges requires further
material optimization, particularly in terms of humidity control during processing and post-
treatment methods to enhance durability [28,29]. While this study offers significant insights
into the mechanical properties of TPU 60A, some limitations should be acknowledged.
The research primarily focused on uniaxial tensile tests and specific printing orientations,
which may not fully capture the material’s behavior under real-world stress conditions.
Future studies could explore biaxial or multiaxial stress conditions to better understand its
performance in practical applications. Additionally, the long-term behavior of TPU 60A
under cyclic loading remains unexplored, which is critical for applications involving repeti-
tive mechanical stress. To address these gaps, future research should incorporate fatigue
testing to develop advanced constitutive models [29]. Further, the development of tailored
G-code algorithms for graded material deposition could minimize stress concentrations
and enhance structural integrity. Exploring hybrid materials or composites involving TPU
60A also presents promising research paths for achieving superior performance in demand-
ing applications. Recent studies, for example, demonstrate improvements in mechanical
properties and environmental resistance through the addition of nanofillers like carbon
nanotubes or graphene further underscore the potential of such advancements [30].

5. Conclusions

It is evident in the characterization of TPU 60A material, carried out through tensile
tests for the orientations of 0◦, 45◦ and −45◦, 90◦, and quasi-isotropic, that both the printing
orientation and test speed have a significant impact on the material’s performance. These
factors directly influence key mechanical properties, including force, stress, strain, and the
overall deformation behavior. While some orientations exhibit greater resistance, others
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prove to be less effective for these purposes. Among the tested orientations, the quasi-
isotropic configuration was found to be the most suitable for representing the material’s
behavior in a balanced manner.

Despite the TPU 60A filament having well-defined properties provided by the manu-
facturer, such as an elongation at break of 950% [12], factors related to the printing process
can significantly alter these characteristics. Variables such as printing orientation, envi-
ronmental humidity, and the geometric design of the printed structure significantly affect
the final mechanical properties of the material, including its strength, ductility, and strain
capacity. These modifications can lead to deviations from the nominal values, highlighting
the importance of carefully considering these factors in the context of application. This
ensures that the desired performance is achieved and aligns with the requirements of the
specific use case. Also, in the present study, the material preparation and printing process
were calibrated based on the manufacturer’s recommendations, provided in the datasheet
for Filaflex TPU 60A. Key parameters such as nozzle temperature (230 ◦C), infill density
(100%), and layer height (0.25 mm) were set in accordance with these guidelines to ensure
consistency with standardized practices, but future work could explore the interaction of
these parameters to build upon the findings presented here.

From the average data of the five valid tensile tests, the uniaxial behavior required
to create the TPU 60A material library in the Ansys software was obtained. Using the
second-degree polynomial method, these data were used to calibrate and validate the
material model through two approaches: first, a numerical simulation of a unit cube to
evaluate and refine the constitutive model parameters, and second, a simulation of the
tensile test using ISO specimens to validate the model against experimental results. It is
important to note that the unit cube test was not conducted experimentally; it served as a
numerical tool for calibration, while the experimental tensile tests provided the primary
validation of the material model.

Reducing the presence of voids in printed specimens is important for enhancing me-
chanical properties and reliability, and controlling filament humidity significantly decreases
void formation by optimizing the printing parameters such as extrusion settings, nozzle
diameter, print paths, and infill patterns. Fine-tuning these factors leads to stronger, more
consistent specimens, resulting in improved performance of the TPU 60A. In future work,
additional experimental data focusing on precise measurements of void density under
varying humidity levels and their direct impact on mechanical properties such as tensile
strength and elongation at break should be analyzed.

The findings presented in this study provide a strong foundation for the use of
TPU 60A in soft robotics applications, particularly in the design and optimization of
soft robotic grippers. To further establish the practical relevance of these results, it is
recommended for future work to conduct practical tests using a robotic arm equipped with
TPU 60A grippers. Such tests would allow for evaluating the grippers’ performance in
real-world scenarios, including their adaptability to delicate or irregularly shaped objects.
Additionally, laboratory experiments designed to test the grasping ability and effectiveness
of the grippers under various conditions would provide deeper insights into their practical
capabilities. These tests would demonstrate how the material’s mechanical properties
translate into functional advantages, ensuring a clearer alignment between the material
characteristics and their application in soft robotics.

This work offers significant contributions to the development of elastomer grippers,
as well as providing valuable insights for future projects. Among the suggestions for future
work, one key recommendation is the manual development of a G-code that allows for
varying the material deposition thickness during the printing process, resulting in a variable
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thickness. This approach reduces the formation of defects in the material, promoting stress
relief and significantly reducing stress concentrations. Consequently, it contributes to the
production of a more uniform part, yielding more consistent and reliable results.

The inclusion of biaxial tests for a more comprehensive and accurate characterization
of elastomeric materials, such as TPU, is also suggested. By applying stresses in two
directions simultaneously, these tests allow for a more reliable capture of the materials’ real
behavior, especially in applications involving complex deformations, as is the case with
soft grippers. This would enable the acquisition of richer experimental data, which can be
used to refine computational models, improve the simulation of grippers under multiple
stress conditions, and optimize performance in real-world scenarios.
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Abstract: Hardfacing is a welding-related technique aimed at depositing a harder and
tougher layer onto a softer, less wear-resistant substrate or base metal. This process
enhances the abrasion resistance of the component, increasing its durability under working
conditions. A key feature of hardfacing is dilution, which refers to the mixing of the
hardfacing layer and the base metal. In this study, shielded metal arc welding (SMAW) was
employed to hardface structural steel using chromium carbide vanadium consumables,
with results compared to AISI D2 cold-work tool steel. Four different SMAW parameters
were tested, and the abrasive test was conducted against SiC discs. Wear rate, represented
by the wear loss rate, was correlated to microstructure, scanning electron microscopy,
energy-dispersive X-ray spectroscopy, hardness, microhardness, and surface roughness.
The results showed that key SMAW parameters, such as welding speed and current,
significantly influence wear resistance. Specifically, slower welding speeds and higher
currents, which result in greater heat input, led to the increased wear resistance of the
deposited layer through the mechanism of the inoculation of larger and harder carbides.

Keywords: hardfacing; microstructure; microhardness; abrasive wear resistance; shielded
metal arc welding

1. Introduction

Hardfacing is a deposition technique that can be applied to various base materials,
most commonly relatively affordable structural materials, such as steel. The aim of hardfac-
ing is twofold: to restore dimensions, i.e., re-establish the shape and size of the worn or
corroded part, or to impart entirely new properties to a newly produced component [1,2].

This technological process can significantly enhance resistance to wear caused by
abrasion, impact, adhesion, corrosion, heat, or a combined effect of any of the mentioned
properties [3,4]. Thus, hardfacing can improve the service life of fabricated parts and
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prevent fractures and breakdowns in a cost-effective manner for both maintenance and
manufacturing. Maintenance costs are reduced, since hardfaced parts have a longer life
and are less prone to failure. Therefore, instead of replacing these failed parts, they can
be repaired or regularly maintained through on-site hardfacing, thereby reducing both
planned and unplanned downtime. Furthermore, production costs can be lower, since
only the surface layer is made of expensive material, while base materials are typically
made of low-cost materials that are easy to fabricate and join by welding if needed [5–7].
Hardfacing is generally a cost-effective technology and can be performed using existing
welding equipment.

The most common welding techniques used for hardfacing include arc welding, gas-
shielded arc welding, and powder-based welding. Among arc welding processes, the most
common are shielded metal arc welding (SMAW) [8,9] and submerged arc welding [10,11].
Gas-shielded metal arc processes include gas tungsten arc welding (GTAW) [5,6], gas
metal arc welding (GMAW), as well as flux cored arc welding (FCAW), and metal cored
arc welding (MCAW) [12–14]. Finally, for powder-based processes, plasma transfer arc
welding (PTAW) [15–17] and laser cladding/welding (LC/LW) are the most common, with
the latter becoming increasingly attractive due to a drop in cost [15,18].

A wide range of hardfacing techniques corresponds to the diverse welding processes
that encompass the majority of industrial joining technologies. Furthermore, this diversity
is reflected in the variety of materials that can be deposited, which in turn, influences appli-
cations in various industries, such as agriculture, mining, nuclear, construction, general
manufacturing, and railways. Even the defense industry has benefited from hardfacing, as
several studies have explored its potential to enhance ballistic protection against kinetic
energy projectiles [19,20].

Hardfacing consumables can generally be categorized into four main groups, closely
corresponding to their base alloy: cobalt-based, nickel-based, tungsten-based, and iron-
based [9,21]. Cobalt-based alloys also contain Cr, W, Ni, Mo, and C, providing good wear
resistance combined with corrosion and heat resistance, offering excellent versatility, but
at a relatively high cost. Furthermore, Co is considered a critical raw material in the
European Union and is often targeted to be fully or partially replaced by Ni. Compared
to Ni-based alloys, Co-based hardfacing alloys offer better weldability [22–24]. Ni-based
alloy deposits (Ni-) combine abrasion resistance (due to additions of C, B, and Nb) with
corrosion resistance (from Cr and Al additions), particularly at high temperatures (with W
and Mo) [25,26]. Tungsten alloys, often referred to as cemented carbides, consist of tungsten
carbide (WC) particles with a binder, mainly Co. These deposits have extreme abrasion
resistance due to their very high hardness. However, unlike other high-hardness materials,
such as sintered ceramics, these alloys have a Co binder that offsets the brittleness of WC
and provides resistance to impact loading [25,27]. On the other hand, there is ongoing
interest in partially replacing WC and Co as critical raw materials in the EU [24].

Iron-based alloys are the most cost-effective and widely used hardfacing material.
These alloys primarily contain C, Cr, Mo, and other elements, similar to those found in
ferrous alloys. Fe-Cr-C hardfacing alloys are predominantly used for parts subject to grind-
ing abrasion combined with light impact, such as digging teeth, conveyor screws, mixer
wings, scraper blades, rendering plant equipment, and sand pumps (around 3% C and
30% Cr) [UTP Voestapline WEARstick XD60 brochure, accessed on 19 December 2024; UTP
Voestapline WEARstick XD61 brochure, accessed on 19 December 2024]. Alloys contain-
ing around 4.5% C and 20–25% Cr are suitable for extreme sliding abrasion, including at
temperatures up to 500 ◦C, due to their extremely high abrasion resistance from the very
high content of special carbides based on Mo, V, W, and Nb. Their main applications are in
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earth-moving equipment, the cement and brick industry, and steel mills for radial breakers
and revolving bar screens in sintering plants [UTP Voestapline WEARstick XD65 brochure,
accessed on 19 December 2024]. Alloys with around 6.5% C and 25% Cr are suitable for
hardfacing parts subjected to heavy abrasion with moderate impact. Typical applications
include parts for cement presses, brick presses, refractory press screws, conveyor screws,
and mixer blades, with service temperatures up to 450 ◦C [UTP Voestapline WEARstick
XD63 brochure, accessed on 19 December 2024]. Their properties are closely related to
their microstructure, where Cr-C or Cr-C-B carbides are mixed with the matrix containing
one or more common microstructures in ferrous alloys, such as austenite, ferrite, and
martensite [1,25,26]. Besides basic alloying elements, a small amount of Nb can be added.
Correa et al. [11] reported positive results regarding the formation of primary NbC carbides
randomly distributed in the matrix. These findings, despite the marginally lower hardness
of the bulk material, resulted in the increased wear resistance of the SAW deposit. This
confirmed an earlier study by Berns and Fischer [1,26]. Singh and Pandey [2] investigated
the influence of several passes and SAW current, finding that an increased number of
passes and a lower deposition current improved wear resistance. This was attributed to
a higher hardness achieved in the third pass compared to the first. Additionally, a lower
current resulted in higher cooling rates, leading to a transformation from a pearlitic to a
martensitic matrix surrounding the carbides.

The primary aim of this research was to vary the microstructure and evaluate and
compare the intensive abrasion resistance of four Fe-Cr-C deposits produced using manual
SMAW processes with varying parameters. The performances of these deposits were bench-
marked against AISI D2 cold-work tool steel in the heat-treated condition. The obtained
wear rate results (weight loss rates) were correlated to the hardness and microhardness of
the deposits, microstructures, particularly carbides, and the local chemical composition.

2. Materials and Methods

Hardfacing was performed on S235JR structural steel, with dimensions of 100 mm in
length, 50 mm in width, and 30 mm in thickness. The 100 × 50 mm area was hardfaced. The
chemical composition of the base metal is shown in Table 1. The consumable used was a
rutile-coated electrode (Shielded Metal Arc Welding—SMAW process) from the WEARstick
XD 60/UTP Ledurit 60 series (Voestalpine, Linz, Austria), belonging to the Fe-Cr-C type
(E Fe14), with the nominal composition presented in Table 2. Hardfacing parameters for
Specimens 1 to 4 are shown in Table 3, along with the deposit thickness range. The arc
length was manually maintained at approximately 3 mm, with no preheating. Prior to the
hardfacing process, the electrodes were dried at 300 ◦C for 2 h. The SMAW process was
conducted on an Iskra E10 device (Iskra, Ljubljana, Slovenia). The hardfacing direction was
longitudinal, with a push/forward orientation of the electrode, and the width was covered
using stringer beads.

The reference material, which served the base material for the deposited material,
was a rolled homogeneous plate made of a cold-work tool steel of the AISI D2 type in a
heat-treated, hardened condition. This was selected as an alternative to FeCrC hardfacing
on structural steel for application in rendering mills. In this application, a combination of
wear and impact is expected, which is why the cold-work FeCrC alloy was chosen as the
hardfacing material. This specimen was designated as Specimen D2. The chemical composi-
tion is presented in Table 4. Heat treatment involved austenitization at 980 ◦C, quenching in
oil, and tempering at 450 ◦C to achieve a uniform hardness of 58 HRC. Hardness was mea-
sured using an HP-250 Rockwell hardness testing device (WPM-Werkstoffpruefmachinen,
Leipzig, Germany).
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The wear test was conducted on a customized metallographic laboratory polishing
machine, the DP-U2 (Struers, Bellerup, Denmark). The customization involved replacing
the polishing wheel with SiC grinding paper, which had a grit size of P100. According
to the FEPA (Federation of European Producers of Abrasives), the corresponding SiC
abrasive paper particle size is 162 μm, with a loading of 1500 g. Basic surface roughness
parameters of the counterbody, based on five measurements, were as follows: Ra (arithmetic
mean roughness value) of 3.261 ± 0.237 μm and Rz (maximum height of the profile) of
35.825 ± 3.415 μm. The specimens were mounted in a brass holder and placed in a Struers
PdM-Force (Struers, Bellerup, Denmark) specimen mover–rotator. Prior to each wear test,
each of the five tested specimens was ground using a full set of SiC abrasive papers: P100,
P150, P240, P360, P500, P600, P800, P1000, P1500, and P2000.

Table 1. Chemical composition of S235JR (wt.%).

C Si Mn S Cr P Cu Ni Fe

0.15 0.18 0.74 0.035 0.02 0.02 0.02 0.05 Balance

Table 2. Nominal chemical composition of E Fe14 electrode (wt.%).

C Si Cr Fe

3.0 1.3 29.0 Balance

Table 3. Hardfacing parameters for Specimens 1 to 4 (electrode E Fe14).

Specimen 1 Specimen 2 Specimen 3 Specimen 4

Electrode diameter × length Ø3.2 × 320 mm
Arc voltage [V] 25 25 24 24
Welding current [A] 95 95 115 115
Current type DC+
Welding speed [cm/min] 14 12 14 12
Preheating No
Electrode inclination towards horizontal [◦] 80
Deposit thickness range [mm] 5.5–6 6.5–7 6.5–7 7–7.2
Heat affected zone [mm] 1–1.2 1.4–1.8 1.2–1.6 1.6–1.8

Table 4. Chemical composition of the AISI D2 cold-work tool steel (wt.%).

C Si Mn S Cr P Ni Mo V Co Fe

1.56 0.46 0.34 0.004 12.81 0.024 0.17 0.97 0.90 0.021 Balance

The abrasive paper base in the wear testing spindle was set to a speed of 250 rpm,
with a wear time of 60 s. The specimen axis was 70 mm away from the centerline of the
spindle, giving a sliding distance of 109.9 m. The wear test was performed in a water
environment at 15 ◦C, with a constant flow rate maintained at 100 mL/min. Specimen
mass was measured using a Type 2615 analytic balance (Tehtnica, Zelezniki, Slovenia) with
an accuracy of 0.1 mg, before and after the wear test. The results were calculated as the
average weight loss rate of the five specimens. After wear testing, surface roughness was
measured using the SJ-301 (Mitutoyo, Kawasaki, Japan) device, with the average for all
five tested specimens reported. The measurement parameters were set to λc = 0.8 × 5 mm
and λs = 2.5 mm, and the Gaussian filter method was applied with a tip radius of 2 μm and
a tip angle of 60◦. Two roughness parameters were measured, Ra and Rz.
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The metallographic examination was conducted using a light microscope (LM) Or-
thoplan (Leitz, Wetzlar, Germany), equipped with an ocular micrometer to measure the
heat-affected zone (HAZ) width. Additionally, metallographic examination and chemical
composition analysis of phases were carried out using a JSM-6460LV scanning electron
microscope (SEM) equipped with an Inca Microanalysis system (Oxford Instruments,
Abingdon, UK) for energy-dispersive X-ray spectroscopy (EDS), to evaluate the chemi-
cal composition of different phases. Prior to SEM analysis, the specimens were coated
with gold using the Leica SCD-005 apparatus (Ball-Tech, Leica—Leitz, Wetzlar, Germany).
Metallographic preparation before microscopic examination included grinding with SiC
abrasive papers (P150, P240, P360, P500, P600, P800, P1000, P1500, and P2000), polishing
with 6, 1, and 1

4 μm diamond suspensions, and etching the hardfaced layer with Aqua
Regia (17% HNO3, 50% HCl in glycerol). Base metal in the hardfaced specimens and the
reference cold-work D2 tool steel were etched with Nital (3% HNO3 in ethanol). SEM was
also used to examine the surface topography of worn surfaces.

To evaluate the hardness of the specimens, the Vickers method was applied. The
HPO-250 (WPM, Leipzig, Germany). Vickers hardness measurement device was used. The
microhardness of specific phases was tested using the Wilson Tukon-1101 (Buehler, Uzwil,
Switzerland), with a minimal load of 10 g. Both methods used a dwell time of 15 s. For
each hardness test, five measurements were taken, and the average value was reported.

3. Results and Discussion

The microstructure of the base metal, obtained through light microscopy, is shown in
Figure 1. It reveals a structure composed of ferrite and pearlite, which is characteristic of
the base metal (structural steel S235JR) to which the hardfacing layer was deposited.

Figure 1. Microstructure of base metal in the form of S235JR structural steel using light
microscopy (LM).

This section is divided into subheadings and provides a concise and precise description
of the experimental results, their interpretation, and the experimental conclusions that can
be drawn.

The microstructures of the subsurface finishing layer, which is critical for wear resis-
tance, are presented in Figure 2. The light microscope analysis reveals a similarly shaped
white phase, with an approximately hexagonal cross-section and elongated morphology.
The growth of these phases, believed to be M7C3 carbides, occurs in various directions,
forming star-shaped formations. Hardfacing alloys of the Fe-Cr-C type rely on large car-
bides to provide wear resistance. There are no significant differences in the morphology
of the white phases observed in Specimens 1 to 4. However, in Specimen 4, these white
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phases appear larger compared to Specimens 1 to 3. This could be the result of a higher
hardfacing current and a lower welding speed, which influence a higher heat input. In
turn, higher heat input increases the cooling time, allowing for the more pronounced
diffusion of elements like Cr and C, which combine with Fe to form larger complex M7C3

carbides ((Cr,Fe)7C3). This can be correlated with the deposit thickness and heat-affected
zone, as shown in Table 3, where the deposited layer and heat-affected zone are thickest in
Specimen 4. When analyzing Figure 2a–d (Specimens 1 to 4), the minimal dimension of
the cross-section should be compared between specimens, as the elongated bright phases
are merely a result of the cutting direction during metallographic preparation. To sup-
port this, the minimal dimensions of the carbide cross-sections were also measured and
reported for Specimens 1 and 4. In Specimen 1, the average carbide dimension was 15 μm,
while in Specimen 4, it was 10 μm. On the other hand, in AISI D2 cold-work tool steel
(Figure 2e), the microstructure consists of M3C carbides ((Fe,Cr)3C), appearing as white
strips in the tempered martensitic matrix, which is typical for heat-treated D2 steel, with
the heat treatment parameters as explained in the experimental section.

Figure 2. LM images of microstructure of the final layer: (a) Specimen 1; (b) Specimen 2; (c) Specimen
3; (d) Specimen 4; (e) Specimen D2.
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In addition to light microscopy, scanning electron microscopy (SEM), specifically
energy-dispersive X-ray spectroscopy (EDS), was applied to further describe the microstruc-
tures of the hardfaced layers. The results of the EDS analysis are shown in Figures 3 and 4.
These reveal a similar composition of primary hexagonal carbides in Specimens 1 and 4
(Spectra 1 and 2 in Figure 3 and Spectrum 2 in Specimen 4). In both specimens, there is a
hollow structure within the carbide, as described by Ito et al. [28]. It is proposed that hollow
primary carbides form when rapid cooling occurs due to the solidification dynamics during
the hardfacing deposition process, which is the main difference between the two specimens
analyzed in this work. The key difference is the lower current and welding speed in
Specimen 1 compared to Specimen 4. This is evidenced by the core morphology, which is
similar to the eutectic matrix consisting of austenite and fine M7C3 carbides in Specimen 1,
and a composition with less Cr in the core compared to the rest of the carbide in Specimen
4 (Spectrum 1). On the other hand, Spectra 3 in Figures 3 and 4 reveal the composition of
the eutectic matrix, which contains significantly less Cr and more Fe, resembling the central
section of the carbide. This is in agreement with the results obtained by Buytoz [29].

To further explore the properties of the hardfaced layers, the hardness and microhard-
ness of certain phases were measured. Vickers hardness of the bulk material is shown in
Table 5. It can be seen that the hardness of the hardfaced layers increases from Specimen
1 to Specimen 4, with Specimen 4 being the hardest. The bulk material hardness of the
reference Specimen D2 is the lowest of all the specimens tested in this study.

Table 5. HV30 hardness of the hardfaced layers and reference AISI D2 steel [kgf/mm2].

Specimen 1 Specimen 2 Specimen 3 Specimen 4 D2

Average values 663 ± 12 707 ± 8 712 ± 13 730 ± 6 640 ± 12

Figure 3. (a) SEM micrograph of Specimen 1 EDS spectra of the carbide particles and the eutectic
matrix; (b) Spectrum 1; (c) Spectrum 2; (d) Spectrum 3.
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Figure 4. (a) SEM micrograph of Specimen 4 EDS spectra of the carbide particles and the eutectic
matrix; (b) Spectrum 1; (c) Spectrum 2; (d) Spectrum 3.

Microhardness values for the carbides and eutectic matrix are given in Table 6. Al-
though the same consumable was used, there are notable differences in microhardness,
with the highest values obtained in the carbide and eutectic matrix regions of Specimen 4.
In the case of M7C3 carbides, the hardness can be positively correlated with the carbide size.
Larger carbides tend to exhibit slightly lower hardness compared to smaller ones, due to
the possible presence of flaws, a less homogeneous structure, and a lower density of defects.
However, in this study, the opposite result was observed, which can be explained by the
large hollow central structure of the carbide filled with material, which is compositionally
and morphologically similar to the eutectic matrix. This structure reduces the carbide’s
integrity, making it less resistant to deformation. This is supported by Figure 5, which
depicts a hollow hexagonal M7C3 carbide that has cracked in several places. Additionally,
a matrix-like structure can be observed in the center of the carbide, which is confirmed by
the EDS results presented in Figure 3.

In Specimen D2, significantly lower microhardness values for both the carbides and
matrix were obtained. This is consistent with the microstructure of the matrix, which
consists of tempered martensite. Furthermore, the carbides are M3C, which are not as hard
as the M7C3 carbides found in the hardfaced layers. Moreover, the microhardness values
of M7C3 primary carbides are approximately twice as high as those of the eutectic matrix.
The carbide microhardness values for all specimens, presented in Table 6, are consistent
with the results reported by Wang et al. [30].

The results of abrasive wear testing, specifically the weight loss rate, are shown
in Figure 6. The data suggest that the highest abrasive wear loss rate was observed in
Specimen 4. Its weight loss rate is significantly higher than that of Specimen 1, while the
weight loss rates of Specimens 2 and 3 are similar. In contrast, the reference Specimen D2
exhibits a significantly lower abrasive wear loss rate compared to any of the hardfaced
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specimens (Specimens 1 to 4), especially Specimen 4. When compared to Specimen 4,
reference Specimen D2 shows about half the weight loss rate. However, it is also evident
that the standard deviation in Specimen D2 is the lowest of all the tested specimens, likely
due to its relatively homogeneous microstructure, which consists mainly of tempered
martensite with a smaller amount of M3C carbides. Overall, the higher abrasive wear
resistance of the hardfaced specimens can primarily be attributed to the increased amount
of M7C3 carbides, compared to the M3C carbides in the reference Specimen D2.

Table 6. HV0.01 microhardness of phases within the hardfaced layers [kgf/mm2].

Specimen 1 Specimen 2 Specimen 3 Specimen 4 D2

Carbides, average values 1601.9 ± 54.2 1683.9 ± 79.6 1735.2 ± 128.6 1837.4 ± 49.4 1052.4 ± 64.3
Matrix, average values 851.7 ± 61.8 910.8 ± 80.9 952.1 ± 121.0 997.4 ± 52.6 670.6 ± 50.6

Figure 5. SEM micrograph of cracked M7C3 carbide in Specimen 1.

Figure 6. Weight loss rate of tested specimens.
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The wear results are further supported by the surface roughness parameter mea-
surements, shown in Figure 7. Based on these results, it can be deduced that the lowest
roughness parameters were obtained in Specimen 4, which also exhibited the highest
abrasive wear resistance, along with the highest hardness and microhardness. In contrast,
Specimen D2 displayed the opposite behavior, exhibiting the highest roughness and the
lowest wear resistance. A similar trend of increased roughness compared to Specimen 4
was observed in Specimen 1, which has a similar microstructure but slightly lower hardness
and microhardness. The increased surface roughness can be attributed to the cutting action
of the hard SiC particles, which abrade the specimen’s surface consisting of carbides and a
matrix of lower hardness.

Figure 7. Roughness parameters Ra and Rz for wear tested specimens.

SEM analysis of the worn surfaces is shown in Figure 8a–e. It can be seen that, in
Specimens 1 and 2 (Figure 8a,b), ploughing occurs along with mild delamination and the
revealing of some pores, ranging from 1 to 3 μm in size, which influence the wear resistance
of these hardfaced deposits. Ploughing is a typical mechanism of abrasion. In Specimen 1,
a group of craters, likely pores, can also be observed. Porosity may result from a higher
cooling rate of these specimens, where the pores form due to the incomplete escape of
gases from the melt. In Specimens 3 and 4, ploughing with some delamination occurs,
with polygonal carbides visible on the surface. These carbides appear larger in Specimen
4 compared to Specimen 3, which is consistent with the microstructural features of the
deposited materials shown in Figure 2c,d. Additionally, in Specimens 3 and 4, small dark
dots are present, possibly indicative of minor pores. In all Specimens 1 to 4, areas with
flattened asperities are observed. Specimen D2 exhibits more uniform and seemingly more
pronounced ploughing and delamination, which is similar to the results presented in [10].
Intensive ploughing is likely the result of intensive abrasion, in accordance with the lower
hardness of the material and weight loss rate results compared to Specimens 1 to 4.

89



Materials 2025, 18, 299

Figure 8. Worn surfaces: (a) Specimen 1; (b) Specimen 2; (c) Specimen 3; (d) Specimen 4; (e) Specimen D2.

4. Conclusions

The results obtained within the framework of this study, considering its limitations,
may lead to the following conclusions:

• All hardfaced specimens exhibited higher abrasive wear resistance compared to the
reference specimen made of D2 heat-treated, cold-work tool steel, due to a higher
number of carbides and the overall bulk hardness of the material. An additional effect
comes from the higher microhardness of both M7C3 carbides and the matrix in the
hardfaced layers, compared to the microhardness of M3C carbides and the martensitic
matrix in D2 steel.

• The specimen hardfaced with higher current and lower speed exhibited the highest
abrasive wear resistance against relatively hard SiC particles, as well as the lowest
roughness parameters.
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• High wear resistance is due to the relatively high microhardness of carbides, as well as
a larger carbide size compared to other hardfaced specimens obtained with different
parameters, i.e., a higher cooling rate.

• Slower cooling influenced the growth of larger M7C3 carbides, with smaller central
hollow sections, which exhibit a higher microhardness compared to the specimen
hardfaced with lower current and higher speed (i.e., with a lower cooling time).

• M7C3 carbides obtained with higher speed and lower current are relatively brittle and
prone to cracking just after metallographic preparation, which negatively affects the
wear resistance of the parent material. This section is not mandatory but can be added
to the manuscript if the discussion is unusually long or complex.

• Weight loss rate results are supported by worn surface analysis. Besides ploughing,
the hardfaced specimens exhibit minor delamination and pore formation as a result of
incomplete gas escape from the melt. The control specimen was worn uniformly, with
intensive ploughing and delamination.

In general, for abrasive wear, hardfacing proved to be more resistant than D2 steel,
while in hardfacing, a slower cooling rate—achieved with higher current and slower
hardfacing speed—can be beneficial.
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Abstract: This paper presents a numerical analysis of dimple spot welding (DSW) as an
innovative joining technique for dissimilar materials, namely steel and aluminium alloys.
Employing a finite element (FE) model, the study simulates the fatigue performance of
DSW joints, considering crucial factors such as contact friction and cyclic loading conditions.
While various numerical models are proposed, the simulation incorporating friction and
fatigue loading appears to offer the highest accuracy. The research highlights that the
fatigue behaviour of DSW joints can be effectively investigated through the non-local
theory of the implicit gradient approach by utilising the fatigue curve of arc-welded
structures composed of steel or aluminium alloys. Specifically, simulations incorporating
friction and fatigue loading demonstrate that the steel spot weld does not represent the
weakest point within the joints.

Keywords: fatigue; welded joints; implicit gradient; dimple spot welding

1. Introduction

The automotive industry is increasingly focused on developing lightweight vehicle
structures to enhance fuel efficiency and reduce emissions. This shift has necessitated
the exploration of alternative joining technologies, particularly for lightweight metals like
aluminium alloys, which are gaining prominence in modern vehicle designs. Traditional
methods, such as spot welding [1–3], are used for joining steel body panels, but their
application to aluminium has proven challenging. Aluminium’s high thermal conductivity,
low melting range, and tendency to form an oxide layer complicate the spot welding
process, often resulting in suboptimal joint integrity and reduced lifespan of welding
electrodes [4]. To address these challenges, several alternative joining methods have been
considered, including adhesive bonding [5], riveting [6], and clinching [7–10]. Among these,
self-piercing riveting (SPR) has emerged as a promising technology for joining aluminium
body panels. SPR operates as a cold forming process, allowing a semi-tubular rivet to
be pressed into two sheets of material without the need for pre-drilled holes or precise
alignment, thus simplifying assembly and enhancing the potential for joining dissimilar
materials [11].

Recent studies have assessed the mechanical performance of SPR joints, revealing a
complex interplay between static and fatigue strengths. For instance, while spot-welded
joints often demonstrate higher static strength, SPR joints exhibit superior fatigue resistance.
Research indicates that at 106 cycles, the fatigue strength of SPR joints can be twice that
of their spot-welded counterparts [12,13]. This distinction makes SPR joints particularly
suitable for applications subjected to cyclical loading.
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The effectiveness of an SPR joint hinges on the quality of the mechanical interlock
formed during the riveting process. Different factors influence this interlock, including
die geometry, sheet thickness, rivet properties, and surface coatings [14]. Studies have
shown that modifying die dimensions can significantly affect rivet flaring and joint strength.
Similarly, the length and diameter of the rivet play crucial roles; longer and thicker rivets
tend to absorb more energy, enhancing joint robustness [15].

Another critical aspect influencing joint strength is specimen configuration. Research
demonstrates that joint strength varies significantly based on whether the configuration
is optimised for shear or peel tests, with shear configurations generally exhibiting higher
strength [16]. The design of the joint itself is also pivotal; evidence suggests that double-
riveted joints do not inherently surpass the performance of single-riveted joints when
normalised for stress, emphasising the importance of optimal rivet placement and spac-
ing [17].

Despite the advantages of SPR, the diverse combinations of material grades and
thicknesses present challenges in determining optimal rivet and die configurations. The
need for tailored processes for numerous combinations increases complexity and cost in
production [18].

The mechanical behaviour of SPR joints is further complicated by the loading condi-
tions they face in service. Studies have highlighted how rivet parameters, sheet thickness,
and edge distance significantly affect both static and fatigue performance. For instance,
increasing edge distance can reduce joint distortion and enhance strength [19]. In summary,
while the self-piercing riveting process offers a viable alternative to traditional joining
methods for aluminium and dissimilar materials, ongoing research is essential needed
to fully understand and optimise its mechanical performance. The exploration of SPR’s
capabilities and limitations is crucial as the automotive industry continues to embrace
innovative materials and production techniques, paving the way for more sustainable and
effective vehicle manufacturing solutions.

In this context, the innovative dimple spot welding (DSW) method developed by
Sakaguchi et al. [20] represents an interesting advancement. DSW leverages existing
resistance spot welding infrastructure to join aluminium alloys and steel sheets efficiently.
This method involves creating a dimple in the steel and drilling a corresponding hole in
the aluminium, allowing for a secure mechanical interlock when welded. Preliminary
tests indicate that DSW joints exhibit static and fatigue strengths comparable to those
achieved by SPR, thus offering a promising solution for integrating lightweight materials
into automotive structures without necessitating costly equipment modifications.

Under this scenario, the aim of this paper is to numerically analyse dimple spot
welding by means of the implicit gradient approach [21–23]. The analyses are performed
by considering the characteristic fatigue strength of welded steel and aluminium alloy. The
fatigue behaviour of dimple spot welds is analysed by investigating various models that
incorporate the contact interaction between the two plates.

2. Theoretical Background

This paper explores a sophisticated approach to addressing notch effects in fatigue
analysis by defining an effective non-local stress that captures the stress field surrounding
critical points in a material. The foundation of this approach lies in the non-local theory,
which suggests that the stress at a point cannot be understood solely by local values but
should also incorporate the influence of surrounding points.

To formalise this concept, the effective stress σeff(P) at any point P within a volume V
is defined as a weighted average of equivalent stress σeq, represented mathematically as:
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σe f f (P) =

∫
V

Ψ(P, Q)σeq(Q)dV
∫
V

Ψ(P, Q)dV
(1)

where Q is a variable point in the volume V, and Ψ is an isotropic weight function that
diminishes with increasing distance |P − Q|. This function accounts for the stress gradient
in the local field, enhancing the predictive capabilities of the model. The reference vol-
ume

∫
V

Ψ(P, Q)dV normalises the weighted average, ensuring that the effective stress is

dimensionally consistent.
According to Peerlings at al. [24], this integral definition of effective stress σeff, can be

approximated by transforming Equation (1) into an inhomogeneous Helmholtz equation:

σe f f − c2∇2σe f f = σeq in V (2)

where ∇2 denotes the Laplace operator, and c represents a characteristic length related to the
material properties. This transformation is significant, as it allows the effective stress to be
solved more easily than the original integral formulation given by Equation (1), particularly
in three-dimensional domains where the critical point cannot be predetermined.

To apply this framework in practical scenarios, the authors consider Neumann-type
boundary conditions, which facilitate the numerical solution of the Helmholtz equation.
This strategy is further supported by the use of commercial finite element software (COM-
SOL MultiphysicsTM), where second-order tetrahedral elements are employed to mesh the
three-dimensional models.

Moreover, the paper cites early contributions to the non-local theory by Kroner, Erin-
gen, and Edelen [25], which laid the groundwork for understanding stress as a function of
averaged strain within a representative volume of material. This theoretical background
is crucial for modelling materials that exhibit strain-softening behaviour, as proposed by
Pijaudier-Cabot and Bazant [26,27].

The paper emphasises that under fatigue loading, stress variations are critical for
defining equivalent stress. In the case with proportional and uniaxial loading scenarios,
the maximum principal stress variation Δσ1 can be effectively used to characterise the
equivalent stress range (Δσeq = Δσ1), leading to equations that streamline the analysis:

Δσe f f − c2∇2 Δσe f f = Δσeq (3)

In particular, for welded joints, the characteristic length c is specified as 0.2 mm,
whereas this becomes 0.15 for welded joints made of aluminium alloy.

Furthermore, the value of c can be calculated according to Equation (4) (see ref. [28]):

c = za0 (4)

where, for fatigue loading, the El-Haddad [29] critical length a0 takes the form:

a0 =
1
π

(
ΔKth
Δσ0

)2
(5)

where Δσ0 is the fatigue limit of the base material and ΔKth is the threshold range of the
Stress Intensity Factor. The parameter z is a constant that depends on the equivalent stress
σeq. When the equivalent stress σeq is assumed to be equal to the maximum principal stress,
z becomes 0.545.
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Equations (4) and (5) allow us to assess the value of c when the relevant material
properties of the parent material and the cracked specimen are known.

In Figure 1, typical spot weld joints subjected to tensile loadings are reported. Due
to symmetry, only half the model is reported in the figure. The mesh is only fine near the
weld where the stress becomes singular due to the sharp V-notch. The deformed shape in
Figure 1b indicates that, at the two ends of the specimens, the rotation is neglected. The
maximum principal stress tends to infinity at the notch tip whereas the effective stress
σeff obtained by solving Equation (2) at the weld is not singular and assumes a finite
value [21,22,24,30]. Hence, the value of Δσeff, related to the range of nominal stress Δσnom,
can be used to evaluate the fatigue life of components. The location at which the maximum
value of Δσeff occurs will be the most likely site for fatigue nucleation.

(a)

(b)

(c)

nom

nomnono

nomno
11

nomno
effff

Figure 1. Effective stress σeff for spot weld joint evaluated by solving Equation (2), assuming that σeq

coincides with the maximum principal stress σ1. The plate is subjected to a nominal tensile stress
σnom; (a) mesh; (b) maximum principal stress σ1; and (c) effective stress σeff.
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Figure 2 shows the fatigue curve for welded joints obtained from about 600 experimental
data taken from literature, mainly in relation to the fatigue strength of cruciform and T
joints subjected to tensile or bending loading. The fatigue strength, in terms of the range
of effective stress Δσeff, depends only on the material: steels or aluminium alloy. The two
scatter bands are separated and present different slopes: 3.0 for the weld made of steel
and 3.7 for the weld made of aluminium alloy. For a complex welded joint, by solving
Equation (4), the maximum effective stress range Δσeff is the main physical parameter that,
as introduced in Figure 2, gives us the fatigue life of components independently of the
shape of the weld, and the size and type of loading (bending or tensile stress).

R 03.0

c=0.2 mm

212

80.1

Ps = 97.7 %

Ps = 50 %
Ps = 2.3 %

1

c=0.15 mm

3.7
1

Cycles to failure

eff

[MPa]

Steel

cAluminium alloy

Figure 2. Scatter band of steel welded joints [21] in terms of maximum effective stress range (scatter
bands related to mean values plus/minus 2 standard deviations; Ps: probability of survival).

3. Dimple Spot Welding

This section summarises the interesting experimental work on a novel type of con-
nection between dissimilar materials, such as steel and aluminium alloys, proposed by
Sakaguchi et al. [20].

3.1. Geometry

Dimple spot welding, as proposed by Sakaguchi et al. [20], is a process that uses a
spot weld from two overlapping metal pieces and locks the displacement of an interposed
sheet. The process begins by forming a dimple in a steel sheet and drilling a hole in an
aluminium alloy plate. A backing steel plate is then prepared. The aluminium plate is
positioned between the steel sheet and the backing plate, with the dimple from the steel
sheet aligning through the hole in the aluminium. Resistance spot welding is used to
join the steel sheet and backing plate, securely clamping the aluminium plate in place. A
key advantage of this dimple spot welding method is that it utilises existing resistance
spot welding equipment, allowing for seamless integration into current production lines
without requiring modifications.

Figure 3 reports the geometry of the dimple spot welding analysed in [20]. The
thickness of the two joined plates is 1.4 mm and 2.0 mm for steel and for aluminium alloy,
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respectively. A tab is present to align the load when remote tensile loading is applied. The
overlapping area is a square of 40 × 40 mm, and the spot weld has a diameter of 5.5 mm.

steel

aluminium

steel

aluminium

Figure 3. Specimen used in the experimental analysis [20].

3.2. Materials

Table 1 shows the material used in the four series of specimens for the plate made of
steel and aluminium alloy. Table 2 presents the mechanical properties of the materials.

Table 1. Steel sheets and aluminium alloys considered in the dimple spot welding [20].

Specimen Aluminium Alloy Steel Sheet
Friction

Coefficient

DSW-1 A6N01 SPC590 0.56

DSW-2 A7003 SPC590 0.45

DSW-3 A6N01 SPC980 0.42

DSW-4 A7003 SPC980 0.38

Table 2. Ultimate tensile strength, yield strength, and elongation of material used in dimple spot
welding [20].

Material
Ultimate Tensile
Strength (MPa)

Yield Strength
(MPa)

Elongation (%)

A6N01 257 225 9.4

A7003 395 349 10.8

SPC590 590 444 24.8

SPC980 980 813 13.9

In order to calculate the material parameter c for the steel weld, a common approach
is to use the value of 0.2 mm for the arc welding process, independently of the material
properties [30,31]. Unfortunately, for the aluminium plate, the fatigue limit and the fatigue
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life curve of the base material as well as the threshold range of the stress intensity factor
are not reported in reference [20]. The exact values can vary depending on factors such as
the material heat treatment, environmental conditions, and the specific testing method. If
we estimate these two important strength parameters from the tensile strength reported
in Table 2 or from the average value reported in the literature, the size of c estimated by
means of Equations (4) and (5) is around some tenths of a millimetre. However, due to
the inherent uncertainty in this calculation, the typical value for welded joints made of
aluminium alloy will be utilised. This is a strong exemplification of the problem. However,
in this case we know the fatigue curve of the material and the characteristic length c that
can address some important general information about fatigue performance of dimple
spot welding.

3.3. Fatigue Strength

Fatigue tests were conducted at room temperature at constant amplitude and the
nominal load ratio R was set equal to 0.1 [20]. The fatigue life comparison between
dimple spot welding and self-piercing riveting joints shows that the DSW specimens,
made from the same materials (SPC980 steel and A7003 aluminium alloy), exhibit fatigue
lives approximately 10 times longer than self-piercing riveting specimens. DSW joints
demonstrated superior fatigue strength, with all failures occurring in the aluminium plate.
Sakaguchi et al. [20] underline that the fatigue life of DSW specimens depends on both
the aluminium alloy strength and the steel sheet strength, with higher-strength materials
increasing fatigue life. Figure 4 reports the comparison, in terms of fatigue strength,
between the nominal stress applied to DSW specimens and that of SPR joints, which will
be used in the next section for the numerical simulation. After failure, the analysis of the
aluminium plate of DSW specimens shows a white discoloured area due to the repeated
contact and friction observed at the top side while the crack nucleates in the opposite side
of the hole where black debris was observed, as indicated in Figure 5. Sakaguchi et al. [20]
justified this behaviour by observing that, in their FE analysis, the higher tangential stress
area corresponded well to the actual site of crack initiation.

No
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Cycles to failure

F

F

Figure 4. Comparison between the fatigue strength of dimple spot welding (DSW) joints and the
self-piercing riveting (SPR) joints under tensile loading. Nominal load ratio R = 0.1 (F: nominal load;
experimental results from reference [20]).
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Figure 5. Typical fatigue failure at the aluminium plate.

4. Numerical Analysis of Dimple Spot Welding

4.1. FE Model

In order to simulate, with a tree-dimensional approach, the fatigue behaviour of
dimple spot welding joints, a detailed FE analysis will be performed by means of two
pieces of software: Ansys Workbench and Comsol Multiphysics. This is necessary because
the complicated task of simulating the contact of the sheets, as reported in Figure 3, with
or without the friction coefficients, will be undertaken using the Ansys code. Then, the
FE results, such as the maximum principal stress, will be exported and used by Comsol
Multiphysics as input data to solve the Helmholtz Equations (2) or (3).

The three-dimensional model was built by means of 3D Cad and reproduces the details
of the geometry around the spot weld, as appears in reference [20]. Figure 6 shows the
detail of the FE mesh used for the DSW joints. Due to the symmetry, only half the joint
was modelled. At both ends, rotations were prevented by setting as zero the displacement
perpendicular to the longitudinal plane (uy in Figure 6a) and a force was applied at one
end while restraining longitudinal displacements at the other (ux in Figure 6a). Figure 6b
shows the details of the mesh used in the FE analysis. Tetragonal elements were used with
quadratic element order in the Ansys software, while in Comsol second-order element
with Lagrange shape function was adopted. The size of the smallest element was in the
order of 10−1 mm at the weld for the steel plate and all around the hole of the aluminium
plate. A convergence analysis was performed to obtain a stable value of effective stress
in the contact zone. Despite an oscillation value of the maximum principal stress in the
zone where the plates are in contact (around the white discoloured area in Figure 5),
the value of effective stress also resulted stable in that area. This is an advantage of the
numerical implicit technique adopted in this study. The use of more accurate meshes would
result in excessively long computation times. On the other hand, due to the uncertainty
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associated with the characteristic length c, the accuracy in the fatigue life prediction can
only be accurate in the zone around the spot weld (see nest sections). As a general rule,
convergence in finite element analysis is achieved when the minimum size of the elements
in the region of highest stress is in the same order of magnitude as the characteristic
length c [30].

x

y

z

uy=0

F

uy=0

symmetry

y
a)

b)

ux=0
uy=0

c)

Figure 6. FE model and boundary conditions for the dimple spot welding; (a) Boundary conditions
used in the model (u: displacement); (b) Mesh detail around the spot weld; (c) Mesh for spot weld
and aluminium plate around the hole.

The residual stress due to the weld process was not considered in this study when no
stress release was performed [31].

The material was considered as linear elastic. The Poisson’s ratios of the steel
sheets and aluminium alloys were set to 0.30 and 0.34, respectively. The Young mod-
ulus of 200 GPa was considered for the steel plate and was reduced to 70 GPa for the
aluminium plate.

4.2. Results with Frictionless Simulation

The first analysis was performed without taking into account the friction coefficient
between the two plates. The load was transmitted by the wedge effect between the steel and

102



Materials 2025, 18, 627

the aluminium plate. Figure 7 reports the values of the range of effective stress related to a
load range of 4.5 kN applied at the remote section. This load, applied during the dimple
spot welding, involves an average fatigue life of around 3·× 105 cycles, as appears in
Figure 4 for DSW2. The results reported in Figure 7, as well as other similar results reported
in the figure below, are focalised around the spot weld because it is the place of highest
stress level for both the aluminium and the steel plate. For the steel plate, the maximum
effective stress range is at the weld, whereas for the aluminium plate, the maximum is
localised at the central part of the hole. Furthermore, the FE simulation results indicate
that the contact zone between the two plates is localised around the white discoloured area
observed in Figure 5.

(b)

eff [MPa]

eff [MPa]

eff [MPa]

(a)

Figure 7. Range of effective stress in the dimple spot welding around the spot weld and the toe for a
remote applied force range of 4.5 kN for the frictionless model (a) steel plate; (b) aluminium plate.

By considering series DSW2 as a reference, Figure 8 reports the experimental points
in terms of effective stress range over the fatigue diagram of Figure 2. The experimental
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points of the aluminium plate fall into the scatter band of the aluminium alloy weld, but
the steel spot weld shows a very high stress level. If this were true, the failure should occur
in the steel plate and a fatigue crack should be visible at the weld, but this is in contrast
with the experiments.

Cycles to failure

eff  
[MPa]

Scatter band for steel welded joints

Scatter band for aluminium alloy

Cycles to failure

DSW2 

DSW2 

eff  
[MPa]

212

80.1

(a)

(b)

Figure 8. Fatigue life in terms of effective stress range in the dimple spot welding for the FE frictionless
model (a) steel plate at the weld; (b) aluminium plate at the hole.

For the aluminium plate, the maximum effective stress, as shown in Figure 7, does not
exactly agree with the points where the fatigue crack nucleates. Furthermore, the value of
the characteristic length c and the Woehler curve of the aluminium plate in Table 2 are not
known, and were approximated with those of the welded aluminium alloy. Nevertheless,
in the spirit of a simplified analysis, the experimental points are located on the upper part
of the welded aluminium alloy scatter band.

4.3. Results with Friction Simulation

In this section, a friction coefficient between the two plates of Figure 3 was introduced.
Sakaguchi at al. [20] discussed the rule of friction coefficients ranging between 0.38 and
0.56, but in our simulations a reference value of 0.45 was considered independently of the
couple of plates used (see Table 1 for the friction coefficients of each series). This constitutes
a simplification of the contact problem, as a more accurate model would account for the
influence of relative speed, surface topography, and contact pressures [32–34]. Figure 9
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reports the effective stress related to a load range of 4.5 kN applied at the remote section,
as shown in Figure 7. The trend of effective stress is similar to the case of the frictionless
model but with lower values in the steel plate and higher values in the aluminium plate.

eff [MPa]

eff [MPa]

eff [MPa]

(a)

(b)

Figure 9. Range of effective stress in the dimple spot welding around the spot weld and the weld toe
for a remote applied force range of 4.5 kN for the model with a friction coefficient of 0.45 (a) steel
plate; (b) aluminium plate.

Similar to the frictionless simulation, assuming that the effective stress range cor-
responds to that of monotonic loading, it is possible to plot the experimental points of
series DSW2 on the fatigue diagram in Figure 2 by considering the friction coefficient. The
introduction of the friction coefficient does not substantially modify the fatigue behaviour
of the steel plate, as reported in Figure 10.
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eff

[MPa]

Scatter band for steel welded joints

Cycles to failure

DSW2

212

Figure 10. Fatigue life in terms of effective stress range in the dimple spot welding for the FE friction
model (steel plate at the weld).

4.4. Results with Friction Simulation and Fatigue Loading Simulation

In this section, a friction coefficient of 0.45 was incorporated into the model, as in the
previous section. However, the initial load cycles were simulated following the approach
outlined in a previous study that numerically investigated the fatigue behaviour of double-
riveted lap joints [35]. In reference [32], it was verified that the effect of the friction force
tends to reduce the range of stresses at the net section during fatigue loadings. Therefore,
in this study, the nominal load was considered as variable, as reported in Figure 11. Two
complete cycles were simulated. The results at times 1 and 3 are quite similar, as are
those at times 2 and 4, indicating that simulating additional cycles is unlikely to produce
significant changes.

time

F

Fmax

Fmin

1 2 3 4

F

FR=0.1

Figure 11. Load history at the nominal section for a nominal load ratio R of 0.1.

Figure 12 reveals that, despite a nominal load ratio R of 0.1, the effective stress range
at point A is significantly lower than expected. In a frictionless scenario, the effective stress
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range is 90% of the maximum stress level. This discrepancy is less pronounced at point B
in the aluminium plate.

Point A 

Point B 

[MPa]

A

B

time

Figure 12. Effective stress range versus time at the weld (point A, steel plate) and at the border of the
aluminium plate (point B) for the model with a friction coefficient of 0.45 by simulating the fatigue
loading (ΔF = 2250 N, Fmax = 2500 N, Fmin = 250 N, nominal load ratio R = 0.1).

In order to obtain the fatigue damage of the weld, without taking into account a
multiaxial fatigue criterion [36], at any points of the dimple spot welding, the difference
between the maximum principal stress at time 3 and the maximum principal stress at time
4 is considered. Now, by integrating Equation (3), we obtain the range of effective stress
to introduce in the fatigue curve of Figure 2. Figure 13 shows the range of effective stress
due to the range of principal stress. The position of maximum effective stress moves from
the weld to point C. In this region, the characteristic length may differ from that of the
welded zone. However, due to the lack of precise knowledge regarding the correct value
of c for the steel plate, and for the sake of simplicity, the fatigue resistance of welded steel
structures is assumed to be equal to that of the weld throughout the plate. Figure 14 reports
the fatigue points in terms of the effective stress range at the weld (point A) or at the plate
(point C). In Figure 14, the points relative to C fall inside the scatter band but are not at
all significative because of the uncertainty in the fatigue properties. On the contrary, the
experimental points related to the fatigue strength of the weld show a low value of effective
stress range, and this respects the condition that the fatigue failure does not occur in the
steel plate. Finally, Figure 14 also includes the experimental data points for the other series,
considering the effective stress at the weld toe.
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eff [MPa]

C

eff [MPa]

eff [MPa]

Figure 13. Range of effective stress in the dimple spot welding around the spot weld and the weld
toe for a remote applied force range of ΔF = 4.5 kN (Fmax = 5 kN, Fmin = 500 N, nominal load ratio R
= 0.1) for the model with a friction coefficient of 0.45 by simulating the fatigue loading (steel plate).
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Figure 14. Fatigue life in terms of effective stress range in the dimple spot welding for the FE with
friction simulation and fatigue lading simulation (steel plate).

5. Conclusions

This paper analysed the stress distribution and fatigue life under cyclic loading of
dimple spot weld (DSW) used to connect two different plates made of steel and aluminium
alloy, respectively.

The frictionless model results in unusually high stress on the steel plate, which deviates
from experimental observations showing that fatigue cracks initiate in the aluminium plate.
This discrepancy implies that, in practical DSW applications, additional factors such as
friction likely play a role in altering stress distribution and crack locations.

By adding a friction coefficient in the FE model with a monotonic loading, the analysis
reveals a decrease in stress concentration at the weld, but around the aluminium plate hole
the magnitude of the effective peak stress increases.

Through cyclic loading simulations, the fatigue analysis underscores the critical im-
portance of both friction and load history in accurately predicting fatigue life. Friction
significantly reduces the range of effective stress at the weld.
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To enhance the accuracy of numerical predictions in future work, incorporating a non-
linear material model, such as elasto-plastic, and a more detailed friction model, should
be considered.
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Abstract: A new shearing tool is necessary to reduce the iron loss of motor cores by mini-
mizing the work hardening damage on the sheared non-oriented electrical steel sheets. The
punch edge topology and the clearance between the punch and the die were controlled to in-
vestigate their influence on the sheared surface condition and the work hardening damage
of steel sheets. A non-oriented electrical steel sheet with the thickness of 500 μm was used
and sheared at the speed of 5 mm/s. After that, the sheared surface was investigated. In par-
ticular, hardness mapping was utilized to quantitatively analyze the work-hardened area of
the sheared steel sheets and the dissipation of the plastic work. Among the four punch edge
topological configurations explored, the nano-grooved punch employed straight along the
shearing direction reduced the damage dealt to the sheared steel sheets and the plastic
dissipation work to one-third compared to conventional punches.

Keywords: shearing; punching; non-oriented electrical steel

1. Introduction

In the pursuit of SDGs with carbon neutrality, electric vehicles with highly efficient
motors are in high demand to reduce energy consumption [1]. The motor cores are made
from non-oriented electrical steels with magnetic isotropy. The energy dissipation by the
loss of iron induced in them has become one of the most essential issues in related engi-
neering processes. This loss is mainly attributed to the shearing-induced work hardening
damage deal to the electrical steel sheets [2–4]. The plastic strains and residual stresses
caused by the work hardening process pose a significant risk of worsening the magnetic
domain structure. This deterioration induces hysteresis loss and eddy current loss [5]. In
particular, the hysteresis loss caused by plastic straining results in magnetic anisotropy.
Magnetization processes, characteristic of the damaged zone width, are influenced by the
value of the applied magnetic field strength. A link can be established between the dam-
aged zone’s magnetic and mechanical properties because an increased hardness value and
bad magnetic properties usually characterize the areas most affected by cutting [6]. Hence,
the shearing process must be improved to minimize the affected zone on the non-oriented
electrical steel sheets in the shearing process and to reduce the iron loss.

In the shearing tool design, the clearance between the punch and the die plays a
role in the shearing performance [7,8]. A larger clearance induces a bending moment
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applied to the work material, enhances work hardening, and deteriorates its magnetic
properties. On the other hand, a smaller clearance is preferable in reducing work hardening,
causing little degradation of magnetic properties [9,10]. However, shearing in low clearance
often induces a secondary fracture surface and shortens the tool life. The punch edge
configuration influences the shearing process. As stated in [11,12], a mechanically ground
edge yields a burnished surface in shearing; the sheared surface quality deteriorates with
its abrasive wearing. The work hardening area is exaggerated to be three times larger
than the work sheet thickness when using a mechanically ground punch edge [2]. When
using a carbide punch with an edge sharpened via argon-ion beam polishing, the work
hardening area is much reduced in the shearing of AISI304 steel sheets [13,14]. As reported
recently in [15–18], carbide and nitrided punches with periodically nano-grooved edges via
short-pulse laser texturing improved the sheared surface quality by reducing the abrasive
and adhesive wear of the punch. However, there has been no quantitative evaluation of the
optimization of the clearance and punch edge conditions in the shearing of a non-oriented
electrical steel sheet.

The present paper aims to quantitatively analyze the effect of the clearance and tool
edge conditions on the minimization of work hardening in the shearing of non-oriented
electrical steel sheets to identify a shearing condition that will significantly reduce iron
loss. Four types of shearing punches are employed to analyze, experimentally, the effect of
the clearance and punch-edge topological configurations on the work hardening damage
incurred in the shearing of the non-oriented steel sheets. Using the specified experimental
procedure, a die set with three different clearances is utilized. Four punches are prepared
such that each of the experiments has different edge configurations, namely, a mechanically
ground edge, an ion-milled edge, and a periodically nano-grooved edge with two groove
orientations (20◦ and 90◦).

From the experiments, it was found that the nano-grooved punches minimize the work
hardening damage to work sheets in the shearing process. In addition, the nano-grooved
edge, either straight along the shearing direction or at an angle of 90◦ against its edge,
minimized the plastic dissipation work through the localization of the stress concentration
and through control of local shearing.

2. Methods and Materials

2.1. Shearing Process

The screw servo stamping system (Precise Stamping Laboratory, DT-J311; Tokyo,
Japan) was utilized to punch out the work materials, as shown in Figure 1a. The stroke was
measured using the laser displacement meter (KEYENCE, SI-F01; Tokyo, Japan) and data
acquisition system (KEYENCE, NR-600; Tokyo, Japan). Non-oriented Fe-3Si electrical steel
sheets, with a thickness of 500 μm (NIPPON STEEL Corp., 50H310; Tokyo, Japan), were
used as the work material. The WC (Co) die in Figure 1b and the work piece were inserted
into a die holder. An SKD11 punch was inserted into the center hole of the punch guide and
fastened to the die holder. The punch diameter was 5 mm. Three types of clearances were
prepared to investigate the effect of clearance (δ) on work hardening; δ = 25 μm, i.e., 5% of
work piece thickness (h), as a normal condition; δ = 5 μm, i.e., 1% of h; and δ = 2.5 μm.

The loading speed was constant at 5 mm/s. Two shearing experiments were con-
ducted: short-shot at a 30% reduction in thickness and fully punching out.
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(a) Servo-press machine (b) Die set 

Figure 1. Experimental setup for the dry punching of non-oriented electrical steel sheets: (a) a CNC
(computer numerical control) stamper; (b) a die set.

2.2. Punch Edge Configurations

Four types of punches were used in this experiment, as listed in Figure 2: a nor-
mal punch with a mechanically ground edge; an ion-beam-treated punch with an edge
sharpened by argon-ion irradiation; Nano20◦ and Nano90◦ punches with nano-grooved
edges, with each width being 300 nm on their side surface at orientations of 20◦ and 90◦,
respectively, against their edges; and a femtosecond laser with a wave length of 515 nm, a
pulse width of 200 fs, and a repetition rate of 20 MHz were utilized for nano-grooving [17].

Figure 2. Four types of shearing punches with different edge configurations. Low magnification
1000x SEM images are listed in the upper row, and high magnification 5000x SEM images are listed in
the lower row.
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2.3. Evaluation on Quality of Sheared Electrical Steel Sheets

The area near the right side of sheared hole was observed by SEM (JCM-7000, JEOL;
Tokyo, Japan). The fractured surface area ratio was calculated using image processing soft-
ware (mediBang Paint Pro ver. 2023.06, Photoshop ver. 26.3). The boundary of the fractured
area was estimated via image processing. One pixel of the image was approximately 1 μm;
the digitization error was 0.2%.

2.4. Mechanical Characterization

The work hardening zone of sheared electrical steel sheets was determined from the
Vickers hardness map after cutting and polishing near the right side of the punched hole.
The Vickers hardness tester (HM-100, Mitutoyo; Kawasaki, Japan) was used for mapping.
The load was applied by 0.1 N for 10 s. The mapping scheme is shown in Figure 3. The
hardness map was measured at three points with an interval of 25 μm on the first zone, at
three points with an interval of 50 μm on the second zone, at two points with an interval of
75 μm on the third zone, and at three points with an interval of 100 μm on the forth zone.
This hardness map is depicted by ten color-coded levels in each 25 HV. The personal error
in measurement was suppressed to be lower than 15 HV, or 6% of the reference hardness of
250 HV for the electrical steel sheet without work hardening damages.

Figure 3. Hardness mapping to evaluate the affected zone of the sheared electrical steel sheets using
four types of punches.

2.5. Estimate on the Plastic Work

To obtain material properties, a 1/2-scale JIS 13B tensile test specimen was used for
tensile testing. The stress–strain curves were obtained at a strain rate of 0.1 mm/s.

The plastic work (W) induced in the sheared sheets is estimated using the measured
hardness map. This W is defined by

W =
∫

V
w × dv (1)
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where w is the work density, dv is the representative volume of each measuring zone in the
hardness mapping, and V is the total volume of the plastically deforming work materials,
excluding the elastically deforming volume. The stress–strain curve of the non-oriented
electrical steel sheet is modeled by the rigid plastic model; e.g., σ = σy + K × ε, where σ is
the stress, K is the work hardening modulus, σy is the yield stress, and ε is the plastic strain.
These K and σy values are given by the uniaxial tensile test. Then, the plastic work density
is represented by the following.

w =
1
2
(
σy + σ

)× ε =
1

2K
× (

σ + σy
)× (

σ − σy
)

(2)

In the case of the hardness mapping in Figure 4, V was discretized into M represen-
tative elements, including each measuring point of hardness. Then, the plastic work is
calculated by

W = ∑M
m=1

(
1

2K

)
×

(
σm

2 − σy
2
)
× 2πrm ΔrΔz (3)

where rm is a radius of m-th measuring point from the symmetric axis, and Δr and Δz are
pitches in the radial and axial directions, respectively, in Figure 4.

Figure 4. Discretization of the work hardening area induced in the right-hand side of the sheared
steel sheet. The m-th square element has the m-th measuring point of hardness.

3. Experimental Results

3.1. Sheared Surface Observation

The sheared surface conditions attained using four punches were evaluated via SEM
observation. Figure 5 compares four sheared surface conditions where δ = 25 μm or at
CL25 μm. The fracture surface extends heterogeneously. In the case of CL5 μm in Figure 6,
the fractured surface area ratio decreases and the burnished surface area ratio increases.
Less-fractured surface areas are detected at CL2.5 μm in Figure 7.
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Figure 5. Comparison of sheared surface conditions among four punches at a clearance of CL25 μm.

Figure 6. Comparison of sheared surface conditions among four punches at a clearance of CL5 μm.
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Figure 7. Comparison of sheared surface conditions among four punches at a clearance of CL2.5 μm.

The variation of these fractures and the burnished surface area ratios attained by
changing the clearance are listed in Figure 8, and the four punches are compared together
with the measured shear droop ratio. At CL25 μm, the fractured surface area ratio exceeds
27% for every condition. Reducing the clearance down to CL5 μm, the fractured surface
area ratio significantly decreases to 3% in the case of Nano20◦. At CL 2.5 μm, no fractured
surface areas are detected when using the Nano20◦ and Nano90◦ punches.

Figure 8. Comparison of the fractured and burnished surface area ratios with the shear droop ratio
for the four punches at CL25 μm, CL5 μm, and CL2.5 μm.

3.2. Work Hardening Zones on the Sheared Surfaces

The work hardening zone is defined as the area with a hardness greater than 250 HV
in the hardness map. Each zone is compared at each clearance for each punch condition in
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Figure 9. The elastic zone is represented by the green color. Based on the hardness map
in Figure 9, Figure 10 shows the affected area ratio of six work hardening zones and an
elastic zone.

 
Figure 9. Hardness comparison of the work hardening zones for each clearance of CL25 μm, CL5
μm, and CL2.5 μm for the four punches.

Figure 10. Hardness contribution of six work hardening and elastic zone ratios on the whole cross-
sectional area at each clearance for the four punching conditions.

When using a normal punch, a larger work hardening zone is detected irrespective of
the clearance. It should be noted that since the red-colored zone with hardness greater than
300 HV is detected at the nearest to edge, work hardening concentrates in the vicinity of
the punch edge.

In the case of the ion punch, the work hardening zone decreases with the reduction in
clearance. The work hardening zone with a hardness greater than 375 HV is detected in the
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vicinity of sheared surface. It is enhanced with the reduction in clearance. This is because
of the severe plastic flow around the sharpened punch edge.

When using the Nano20◦ punch, a large work hardening zone fluctuates by itself on
the cross-section, irrespective of clearance. It should be noted that the highest hardened
zone, i.e., the zone with a hardness greater than 375 HV, is only detected pointwise in the
vicinity of the sheared surface.

In the case of the Nano90◦ punch, the work hardening area greater than 250 HV,
shown in yellow color, is concentrated in the vicinity of the hole and is minimized when
the clearance is lower than 5 μm.

As summarized in Figure 10, the fraction of each work hardening zone in the whole
cross-sectional area is compared at each clearance and with each punching condition. When
using the normal punch, the yellowed colored zone fraction becomes the maximum (51%)
at CL2.5 μm. In case of the Nano90◦ punch, the yellowed colored zone fraction becomes
the minimum (11%) at CL5 μm and CL2.5 μm. This fraction is less than the minimum
fraction using the ion beam (i.e., 17% at CL2.5 μm) by 35%, and it is half of the minimum
fraction attained using Nano20◦ (i.e., 22% at CL25 μm).

Table 1 lists the contribution of the elastic zone and the medium and high work
hardening zones to the total cross-sectional area. When using the Nano90◦ punch, the cross
sectional area is determined to be elastic; the medium work hardening zone is limited by
15%; and the high work hardening zone is reduced to less than 5%. Most of the errors come
from the measured area at the first zone in Figure 3, with the pitch of 25 μm. The maximum
error area was estimated to be 4%.

Table 1. Comparison of the elastic zone (H < 250 HV; green-colored zone in Figure 9), the medium
work hardening zone (250 HV < H < 300 HV; yellow- and orange-colored zones in Figure 9), and
the high work hardening zone (300 HV < H < 375 HV and H < 375 HV; red, dark-red-, brown-, and
black-colored zones in Figure 9) for each clearance and punch.

Tool
Conditions

Clearance Elastic Zone
Medium Work

Hardening
Zone

High Work
Hardening

Zone

Normal

25 μm 37.5 [%] 50.4 [%] 12.1 [%]
5 μm 50.0 [%] 39.7 [%] 10.3 [%]

2.5 μm 26.1 [%] 64.3 [%] 9.6 [%]

Ion

25 μm 41.8 [%] 49.7 [%] 8.5 [%]
5 μm 35.2 [%] 54.5 [%] 10.3 [%]

2.5 μm 60.5 [%] 25.3 [%] 14.2 [%]

Nano20◦
25 μm 60.5 [%] 28.8 [%] 10.7 [%]
5 μm 47.1 [%] 46.9 [%] 6.0 [%]

2.5 μm 53.3 [%] 38.0 [%] 8.7 [%]

Nano90◦
25 μm 58.5 [%] 33.5 [%] 8.0 [%]
5 μm 78.3 [%] 15.5 [%] 6.2 [%]

2.5 μm 77.2 [%] 15.6 [%] 7.2 [%]

3.3. Measurement of Work Hardening Zone for Short-Shot Specimens

A short-shot shearing experiment using 30% of the full stroke was performed to
describe the transients of the work hardening process compared to fully punching-out.
Three shots (N1, N2, and N3) were made with a constant clearance of CL2.5 μm in Figure 11.
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Figure 11. Hardness map of transients of the work hardening zone from a sheared state (30%) to a
fully sheared state for the four punching conditions. Three shots—N1, N2, and N3—were performed
in each shearing experiment.

When shearing with the normal punch, the medium work hardening zone fluctuates
by itself among the three shots. This fluctuation is also seen on the cross-section after fully
punching out. This implies that the metal flow of the work materials is significantly affected
by the heterogeneous edge profile of the normal punch.

In the case of the ion punch, the medium work hardening zone is narrowed, with lower
fluctuation among the three shots after short-shot when compared to normal punching.
This zone of the short-shot specimen is reduced after fully punching out. This is because a
part of the work hardening zone has been determined to be elastic in the unloading process
after fully punching out. It should be noted that the highest work hardening zone increased
after punching out. This implies that the shear strain localizes along the shearing line due
to the sharpened edge of the ion punch.

In the case of the Nano20◦ punch, the medium work hardening zone becomes larger
in the N3 test than in the N1 and N2 tests in the short-shot specimen. This zone is much
reduced after punching out. This reveals that most of the medium work hardening zone is
elastic in the unloading process after fully punching out. In fact, the highest work hardening
zone is commonly seen in the vicinity of the sheared surface, even after punching out. This
proves that the shearing process using the Nano20◦ punch affects strain concentration in a
similar manner to shearing via the ion punch.

When using the Nano90◦ punch, the medium work hardening zone area is greatly
narrowed; there are not the high work hardening zones even in the vicinity of the sheared
surface. In addition, no significant fluctuation of the work hardening zones is detected
after the short-shot and fully punching out experiments.
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Figure 12 compares the work hardening zone area fractions after short-shot (30%) and
fully punching out (100%) experiments for the four punches.

Figure 12. Effect of tool conditions on the work hardening damage fraction at the short-shot after
fully punching out.

The normal punch induces the largest work hardening zones due to its heterogeneous
edge profile. In the case of the ion punch, the total work hardening zone is reduced by
64.4% to 43.8% after fully punching out due to its homogeneously sharpened edge. When
using the Nano90◦ punch, far fewer work hardening zones are induced to be 20% along
the shearing line. This difference in the work hardening process among the four punches
comes from the difference in the metal flow pattern during shearing. The plastic work
dissipation might well be a measure by which to describe the punch edge profile’s effect on
the shearing process.

4. Discussion

The tool edge configuration and the clearance have influence on the work hardening
damage inflicted on the sheared electrical steel sheets. When using the mechanically
ground normal punch, the widest work hardening volume is depicted in Figures 9 and 11,
irrespective of the clearance. This is because the work plastic flow around the heterogeneous
punch edge enhances the work hardening. Figure 12 also shows the largest deviation in the
work hardening zone area fractions for three shots. The heterogeneous punch edge also
exaggerates the mechanical fluctuation in the work hardening behavior from experiment
to experiment.

When using the ion-sharpened punch, the severe work hardening zone volume reaches
its maximum for the four punches in the case of CL2.5 μm. The fracture surface area ratio
also reaches the maximum value in the case of CL25 μm. This implies that the work plastic
flow localizes at the sharpened punch edge, results in the most severe work hardening state,
and induces the onset of fracture. This local work hardening behavior is also observed
when using the Nano20◦ punch. However, the work hardening zone volume is much
smaller in cases of greater clearance than 5 μm. The severe work hardening zone volume
does not increase via a decrease in the clearance. The fracture surface area ratio is always
smaller than that attained using the ion-punch. This reveals that the nano-grooves in the
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direction of 20◦ control the local work plastic flow around the sharped edge and reduce the
work hardening damage.

When using the Nano90◦ punch, the local work hardening zone volume reduces
significantly, even in case of a clearance under 5 μm. It becomes smaller than that by 69%
when using the normal punch, and smaller than that by 51% when using the Nano20◦

punch. This drastic suppression of work hardening damages comes from the nano-groove
structure with a groove orientation change from 20◦ to 90◦.

When using the Nano20◦ punch, the surface of the workpiece interacts with the nano-
periodic structure formed by the punch tip during shearing. When using the Nano90◦

punch, on the other hand, the workpiece plastically flows without interaction between its
surface and the nano-periodic structure. Therefore, a state of local stress concentration
continues until shearing is completed, and the work hardening zone area is considered to
be narrow and concentrated in the vicinity of the shearing edge.

The plastic dissipation work (W) provides a measurement by which to analyze the
tool edge topology effect on the work hardening damage. As listed in Table 2, W, calculated
by Equation (3), reduces monotonously by changing the (normal punch) → (ion-sharpened
punch) → (Nano20◦ punch) → (Nano90◦ punch). The deviation (ΔW) of W among three
strokes in the shearing process represents the effect of homogeneity in the punch edge
configuration to the local plastic flow. The monotonous decrease in ΔW, with (normal
punch) → (Ion) → (Nano20◦) → (Nano90◦), proves that local plastic flow is sufficiently
well controlled to suppress local work hardening using the sharpened and nano-grooved
punch edge.

Table 2. Comparison of the plastic dissipation work (W).

Normal Ion Nano20◦ Nano90◦

N1 0.040 [J] 0.063 [J] 0.031 [J] 0.027 [J]

N2 0.042 [J] 0.034 [J] 0.019 [J] 0.008 [J]

N3 0.104 [J] 0.034 [J] 0.046 [J] 0.018 [J]

Average 0.062 [J] 0.044 [J] 0.032 [J] 0.018 [J]

In comparison to the normal punch, the plastic work (W) is halved when using the
Nano20◦ punch and reduced to one-third when using the Nano90◦ punch. Let us discuss
the effect of the nano-grooved punch edge configurations on W through a comparison
to the ion-milled punch. When using this punch, the shear strain exceeds a certain level
and induces ductile separation at its sharp and homogeneous edge. The nano-grooves
work to enhance the strain concentration at the nano-grooved edges and to onset the
shear-slipping process of the work materials from the edges. The difference in the shearing
and burnishing behavior between the ion-milled and nano-grooved punches comes from
the stress concentration, which is determined by the indentation of the nano-grooves to
induce the separation of the work materials. The plastic work is minimized by using these
nano-grooved punches.

Regarding the shear processing of non-oriented electrical steel sheets using a nano-
grooved punch, a case has been reported in the research of Aizawa et al., in which plasma
nitriding was applied to the alloy tool steel SKD11 [17]. This study reports that a non-
oriented electrical steel sheet with a thickness of 0.15 mm was sheared along the entire
burnished surface. However, the mechanism by which shear stress concentrates on nano-
grooved structures has not been considered. In the piercing of amorphous electrical steel
sheet, five stacked sheet piercings have been attempted by imparting a nano-periodic
structure to the sides of a diamond punch at an angle of 60◦ from the bottom of the
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punch [19]. As a result, it was reported that the nano-periodic structure has the effect of
suppressing the attraction of the work material to the die side. It is thought that even with a
brittle amorphous electrical steel sheet with a thin thickness of 0.025 mm and an elongation
of only 0.2%, shear stress is concentrated in the nano-periodic structure at the punch tip,
thereby reducing the radial effect of the hole. These reports also suggest that the addition
of nano-periodic structures to the punch may be a factor in upgrading the sheared surface
as it helps to concentrate the shear stress on the punch edge.

The difference in local shearing and burnishing behavior between Nano20◦ and
Nano90◦ is considered next. In the case of Nano20◦, the locally sheared work material starts
to flow along the skewed orientation by 20◦ on the punch side surface and to separate from
the nano-grooves. This work material separation from nano-grooves distributes the shear
stresses and induces the broadening of the work hardening zones in the radial direction.
On the other hand, no work separation occurs from the 90◦-nano-grooved edge to preserve
the shear stress concentration at the nano-grooved edges against the work materials.

The plastic dissipation work is minimized by this local control of the material flow
around the nano-grooved edges. This indicates that the continuous contact between the
nanometer-sized workpiece and the tool is a significant factor underpinning shear stress
concentration.

5. Conclusions

Four types of shearing punches are employed to experimentally analyze the effect of
clearance and punch-edge topological configurations on the work hardening damage by
shearing the non-oriented steel sheets. This conclusion is summarized in the following:

(1) When using a nano-grooved punch, the shear strain concentrates at the edge to induce
ductile separation at its sharp and homogeneous edge.

(2) The nano-grooves work to enhance the strain concentration at the nano-grooved
edges and to onset the shear-slipping of the work materials from the edges.

(3) When using the Nano90◦ punch, the fractured surface areas, work hardening zone,
and plastic work are minimized.

(4) The addition of nano-grooves to the punch provides an engineering means of upgrad-
ing the sheared surface by helping to concentrate shear stress on the punch edge.
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Abstract: Bearing steels are frequently used in highly loaded components, such as roller
bearings, due to their excellent hardenability and wear resistance. Microstructure, hardness,
and residual stress distribution of the bearings significantly affect the wear resistance
of the parts. In the present study, experiments investigated the effects of austenitizing
temperature (850, 900, and 950 ◦C), with or without cryogenic treatment, and induction
hardening treatment (9 and 12 kW) on the microstructure, microhardness, the amount
of retained austenite, surface residual stress, and wear behavior of JIS SUJ3 steel. The
experimental results revealed that the austenitized specimens’ microstructure consisted
of martensite, retained austenite, and dispersed granular alloy carbide exhibiting high
hardness. After cryogenic or induction hardening treatment, the surface residual stress of
austenitized specimens exhibited compressive stress rather than its original tensile stress
state. The induction hardening treatment can significantly increase the microhardness of
austenitized specimens, followed by quenching. Furthermore, the induction-hardened
surface possessed less retained austenite. For practical industrial applications, a prior
austenitizing heat treatment at 950 ◦C followed by hardening with an induction power of
12 kW was the optimal parameter for JIS SUJ3 bearing steel. The maximum microhardness
and surface residual stress were 920 HV0.3 and −1083 MPa, respectively, while the lowest
weight loss was 0.5 mg after the 10,000-revolution wear test.

Keywords: bearing steel; prior heat treatment; induction hardening; microhardness;
retained austenite; residual stress; wear

1. Introduction

With the rapid development of industrial machinery, the requirements for wear resis-
tance and fatigue resistance of rolling parts such as bearing rings, ball screws, and other
mechanical components have increased to ensure their proper function, and the selection of
materials is a crucial issue. The most commonly used material in manufacturing precision
and motion components is high chromium bearing steel [1]. The damages inflicted on the
bearing steel are mainly due to wear and fatigue caused by the conditions of their usage.
Thus, to ensure superior comprehensive mechanical properties and high dimensional
stability, the bearing steel should exhibit high hardness and good wear resistance, which
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directly impact its lifespan. JIS SUJ3 steel is a high-quality alloy steel that has excellent
wear resistance after hardening treatment, with a hardness of over 700 HV and a tensile
strength of 1200 MPa.

Precision and motion parts made of bearing steel are usually required with good wear
resistance to ensure their proper function. A major factor that affects wear behaviors is
the hardness of the materials used to manufacture these mechanical parts. Other factors
that affect resistance to mechanical damage include heat treatment procedures. The heat
treatment of bearing steel is often conducted by quenching and tempering. The bearing
steel, however, often forms retained austenite after quenching. This high content of retained
austenite is due to the high carbon content in the bearing steel, as reported by Rivero et al. [2]
and Roy et al. [3,4]. The transformation of the retained austenite into martensite can occur
when external environmental factors such as temperature and load are introduced. This
can negatively impact the stability of precision and motion parts in their usage [5–7].

High-temperature tempering, cryogenic treatment, and shot peening treatment are
typical methods for alleviating the above-mentioned concerns about retained austenite.
High-temperature tempering treatment causes a significant decrease in hardness, while
shot peening treatment can only eliminate the retained austenite up to a limited depth
in the subsurface region [8–11], and the resulting surface roughness does not meet the
requirement of a bearing part. Unlike the other two methods, cryogenic treatment further
induces phase transformation of the retained austenite through heat exchange generated at
low temperatures, as reported by Bensely et al. [12], Senthilkumar et al. [13] and Mahdi
et al. [14]. Its advantages not only include reducing the amount of retained austenite but
also significantly relaxing residual stress [15,16]. Thus, cryogenic treatment is a preferable
method. However, the cost and production time of cryogenic treatment are relatively high
due to its technical threshold.

To reduce production time and costs to further reduce the consumption of energy,
induction hardening is a good choice to consider. Shorter processing times make induction
hardening treatment more affordable. Furthermore, induction hardening treatment also
significantly improves surface properties, especially surface residual stress. Hu et al. [17],
Gao et al. [18], and Hayama et al. [19] investigated the surface properties after induction
quenching, and their results revealed that induction hardening treatment creates compres-
sive residual stress and prolonged service life when compared to those mechanical parts
with a tensile stress surface [20–22]. Moreover, the parts treated by induction hardening
respond to less grain growth, possibly higher hardness, and a lower amount of retained
austenite due to its rapid cooling rate.

Numerous studies explored the relationship between the heat treatment (quenched,
tempered, and cryogenic treatment) and the resulting properties (hardness and the retained
austenite content) and the wear behavior of bearing steel. The effects of prior treatment
and induction hardening treatment on the dry wear behavior of bearing steel were not
investigated in detail. The aim of the present study is to investigate the influence of
different parameters of prior heat treatment (austenitization and cryogenic treatment) on
the properties of induction-hardened JIS SUJ3 steel. In this study, JIS SUJ3 steel was selected
for investigation. Firstly, the specimens were austenitized at various temperatures (850, 900,
and 950 ◦C), quenched, processed with or without cryogenic treatment, and tempered to
achieve a hardness of 62 ± 1 HRC to meet the requirements for industrial use in precision
and motion parts. Subsequently, induction hardening with a power of 9 and 12 kW was
applied to the prior heat-treated specimens. The microhardness, the amount of retained
austenite, and the surface residual stress of the specimens were examined to evaluate
the effects of different treatment parameters. In addition, block-on-roller type dry wear

127



Materials 2025, 18, 1797

testing was used to compare the wear resistance. The properties and wear behavior of JIS
SUJ3 steel specimens with different treatments were investigated for practical industrial
applications.

2. Materials and Methods

2.1. Heat Treatment of Specimens

The specimens used in the experiment were made of JIS SUJ3 steel, a bearing
steel manufactured by Gloria Material Technology Corporation (Tainan, Taiwan). The
steel bar was spheroidized and machined to form cubic specimens with a dimension of
12.7 × 12.7 × 12.7 mm with chemical compositions listed in Table 1. The size of the speci-
mens was designed to fix the specimen with a sample holder for wear testing according to
the ASTM G77-17 specification [23].

Table 1. Chemical compositions (wt.%) of the JIS SUJ3 steel.

C Si Mn P S Cr Ni Mo Cu Fe.

JIS SUJ3 Spec. 0.95–1.10 0.40–0.70 0.90–1.15 ≤0.025 ≤0.025 0.90–1.20 ≤0.25 ≤0.08 ≤0.30 Bal.

Specimens 1.05 0.326 1.02 0.0106 0.0051 1.14 0.0023 0.0014 0.0865 Bal.

The machined specimens were then heat-treated in a salt bath using three different
austenitization temperatures. First, the specimens were preheated at a heating rate of
50 ◦C/min to 600 ◦C. Then, the specimens were austenitized at 850, 900, and 950 ◦C for
30 min and quenched to 100 ◦C with oil. After quenching, some specimens were immersed
in liquid nitrogen at −196 ◦C for 2 h (cryogenic treatment). At the final stage, the quenched
and the cryogenic-treated specimens were tempered at 200 ◦C for 1 h and cooled with water.
Schematic illustrations of the temperature-time diagrams for QT and QCT treatments are
shown in Figures S1a and S1b, respectively.

The effects of the austenitizing and cryogenic treatments were confirmed by examining
surface hardness. The specimens, subjected to various conditions, exhibited a surface
hardness of 62 ± 1 HRC, as determined using a Rockwell hardness tester (FUTURE-TECH
FR-3e, Kawasaki, Japan) with an applied load of 150 kg.

2.2. Induction Hardening of Austenitized Specimens

The austenitized SUJ3 specimens immediately underwent induction hardening treat-
ment. A digital controllable induction hardening system consists of an inductor coil, an
induction power supply, and a circulating cooling water system. It is also equipped with a
controllable mobile stage. The inductor was made of copper and applied with a frequency
of 200 kHz. After austenitization, induction power levels of 9 and 12 kW were immediately
applied, and specimens were quenched by moving them at a rate of 2.5 mm/s. After
the induction hardening treatment, specimens were tempered again at 200 ◦C for 1 h.
Table 2 summarizes all the parameters of austenitizing, cryogenic and induction hardening
treatment, and the respective specimen codes. Three specimens for each sample code were
prepared to ensure the reproducibility and stability of the experiments.
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Table 2. Prior heat treatment and induction hardening process parameters and code.

Austenitizing Temperature Cryogenic Treatment Induction Power (kW) Code

850 ◦C
No No

850 QT
900 ◦C 900 QT
950 ◦C 950 QT

850 ◦C
Yes No

850 QCT
900 ◦C 900 QCT
950 ◦C 950 QCT

850 ◦C
No 9

850 QT-9
900 ◦C 900 QT-9
950 ◦C 950 QT-9

850 ◦C
Yes 9

850 QCT-9
900 ◦C 900 QCT-9
950 ◦C 950 QCT-9

850 ◦C
No 12

850 QT-12
900 ◦C 900 QT-12
950 ◦C 950 QT-12

850 ◦C
Yes 12

850 QCT-12
900 ◦C 900 QCT-12
950 ◦C 950 QCT-12

2.3. Characterizations of Austenitized and Induction-Hardened Specimens

After the austenitizing, cryogenic, and induction hardening treatments, the specimens
were investigated to reveal the microhardness, the percentage of retained austenite, and
the surface residual stress.

2.3.1. Microhardness

The microhardness (HV) values as a function of depth (from surface to 6 mm) were
determined by a Matsuzawa Vickers hardness tester (MXT50, Akita, Japan) to reveal the
effects of various process parameters. Three specimens for each sample code (n = 3) were
prepared and tested five times using a load of 300 g (2.94 N) and holding for 10 s. The
microhardness (mean ± standard deviation) in the middle of the three tested specimens
was used for comparison to reveal the effects of austenitizing, cryogenic, and induction
hardening treatments with different parameters.

2.3.2. X-Ray Diffraction

A μ-X360s portable X-ray diffractometer (Pulstec Industrial Co., Ltd., Shizuoka, Japan)
was used to determine the retained austenite content and surface residual stress using
the two-dimensional cosα method [24–26]. A Cr target operating at 30 kV and 1.5 mA
was used for X-ray diffraction with a diffraction angle set at 0◦ and 35◦ to determine the
percentage of retained austenite and residual stress, respectively. The X-ray diffraction
parameters are summarized in Table 3. The amount of retained austenite and residual
stress was performed at three different locations for each treated specimen. Before the
experiments, the X-ray diffractometer was aligned and validated using a stress-free iron
powder sample for calibration. Equation (1) was used to calculate the retained austen-
ite content (γ%) [27]. In the equation, I and R are the integrated intensity and theo-
retical relative intensity, respectively. The Greek letters γ and α indicate austenite and
ferrite, respectively.
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γ% = (Iγ/Rγ)/[(Iγ/Rγ) + (Iα/Rα)] × 100% (1)

Table 3. The parameters of the X-ray diffractometer.

Diffractometer Parameters Specification/Values

Target Cr
Diffraction plane (h,k,l) α Fe (211)

Bragg angle for diffraction (2θ) 156.5◦
X-ray tube current 1.5 mA
X-ray tube voltage 30 kV

Irradiation time 15 s
Collimator diameter 2 mm
Collimator distance 51 mm

2.4. Dry Wear Behavior of Austenitized and Induction-Hardened Specimens

To investigate the effect of different parameters on the wear behavior of the speci-
mens, a multi-functional abrasion tester (PLINT TE53, Phoenix Tribology Ltd., Kingsclere,
Berkshire, UK) was used to conduct the dry wear test. A schematic illustration of the
experimental setup is shown in Figure S2a. The wear tester is a computer-controlled
block-on-roller contact instrument in which a cubic block (specimen) is in contact with a
roller, as shown in Figure S2b. In the case of the wear test, the specimen experiences one
contact cycle per revolution at a constant contact normal load (92 N) with a roller rotation
speed of 250 rpm. A SUJ2 steel roller with a diameter of 60 mm and a hardness of 62
± 1 HRC was used for the wear test that was performed under dry friction conditions
with a controlled temperature of 25 ± 1 ◦C and a relative humidity of 70 ± 5%. The test
sample was ultrasonically cleaned with alcohol, and the weight loss was measured using
a microbalance every 2000 revolutions. Each sample experienced a total revolution of
10,000 cycles for the dry wear test. All tests were repeated three times. After the wear test,
the surface morphology of the worn specimen was examined by field emission scanning
electron microscopy (Hitachi SU8000, Tokyo, Japan).

3. Results and Discussion

3.1. Heat Treatment of the JIS SUJ3 Specimen
3.1.1. The Effect of Austenitizing Temperatures on the JIS SUJ3 Specimen

Figure 1 shows the microstructure of the specimen after the austenitization treatment
(at 850, 900, and 950 ◦C) and quenching to 100 ◦C. The microstructure of the as-received
SUJ3 specimen was shown in Figure 1a, where the spheroidal Fe3C cementite particles were
uniformly distributed within the ferrite matrix. Figure 1b–d show the microstructure of
the SUJ3 specimen after the austenitization treatment at 850, 900, and 950 ◦C, respectively.
The ferrite matrix transformed into a martensite matrix can be observed after quenching.
The proportion of the cementite decreased with increasing austenitizing temperature.
However, the amount of the retained austenite increased with increasing austenitizing
temperature. This is due to the higher austenitizing temperature increasing the dissolution
ratio of the cementite. Moreover, high carbon content causes the martensitic transformation
temperature (Ms) to decrease, thereby inducing an increase in the volume of the retained
austenite. A higher magnification of these SEM images is available in Figure S3a–d for
more detailed investigations.

After austenitizing and quenching treatments, a Vickers hardness tester was used
to check the hardness of the SUJ3 specimen. The hardness of the specimen was 715 ± 5,
725 ± 8 and 728 ± 15 HV0.3 after austenitization at 850, 900, and 950 ◦C, respectively. A
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slight increase in microhardness with increasing austenitizing temperature was observed
but without significant difference. To further examine the condition of the amount of
retained austenite, a portable X-ray diffractometer was used, and the measuring principle
of the single incident angle method (cosα method) was applied [24–26]. Figure 2 shows the
resulting X-ray diffraction patterns. The SUJ3 specimen, after undergoing austenitizing
and quenching treatments, exhibited a distinct martensitic phase (PDF No. 44-1290) and a
couple of very weak retained austenite diffraction peaks (PDF No. 65-4150). More detailed
information concerning these two powder diffraction files (PDF No. 44-1290 and PDF No.
65-4150) is available in Tables S1 and S2. The peak intensities of austenite increased with
increasing austenitizing temperature. The amount of retained austenite of the specimen
austenitized at 850 ◦C was 3.4 ± 0.3%. By increasing the temperature to 900 ◦C, the amount
of austenite retained increased to 10.4 ± 0.7% and further increased to 15.5 ± 0.6% at
950 ◦C. It should be pointed out that while carbon content can significantly affect the Ms
temperature, the amount of retained austenite increased due to the cementite dissolved in
the lattice (carbon concentration of martensite).

 

Figure 1. Microstructure of the (a) as-received SUJ3 specimen, (b) 850 QT, (c) 900 QT, and (d) 950 QT
specimens. * The scale bars were the same for these OM images.

Figure 2. XRD patterns of SUJ3 specimens after austenitizing at various temperatures.
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In addition to the retained austenite, the martensitic transformation was accompanied
by volume expansion, and the boundary effect resulted in a tensile surface residual stress.
The residual stress on the surface of the specimen austenitized at 850 ◦C was 53 ± 12 MPa. It
increased gradually to 78 ± 17 and 115 ± 15 MPa at an austenitizing temperature of 900 and
950 ◦C, respectively. Table 4 summarizes the microhardness, the retained austenite content,
and the surface residual stress of the SUJ3 specimen austenitized at various temperatures.

Table 4. The microhardness, the percentage of retained austenite and surface residual stress profile of
SUJ3 specimen after austenitizing and quenching treatments.

Sample Code
Microhardness

(HV0.3)

Retained
Austenite

(%)

Surface Residual Stress
(MPa)

850 QT 715 ± 5 3.4 ± 0.3 53 ± 12
900 QT 725 ± 8 10.4 ± 0.7 78 ± 17
950 QT 728 ± 15 15.5 ± 0.6 115 ± 15

3.1.2. The Effect of Cryogenic Treatment on the JIS SUJ3 Specimen

In industrial applications, the cryogenic treatment is commonly used to achieve dimen-
sional stabilization after quenching. Figure 3 shows the microstructure of the austenitized
specimens followed by cryogenic treatment. Figure 3a–c show the microstructure after the
cryogenic treatment of the SUJ3 specimen with austenitizing temperatures of 850, 900, and
950 ◦C, respectively. A major difference observed was the proportion of the retained austen-
ite, which was smaller than those in Figure 1b–d. It should be mentioned that martensitic
transformation of the retained austenite occurred due to the heat exchange [8–11] and
resulted in a decrease in the percentage of retained austenite after cryogenic treatment.
However, the cryogenic treatment had no obvious effect on the microhardness of the
SUJ3 specimen. After the cryogenic treatment, the microhardness of the specimen was
718 ± 3, 723 ± 5, and 730 ± 8 HV0.3 with austenitizing temperatures of 850, 900, and 950 ◦C,
respectively. These SEM images are magnified in Figure S4a–c for better observations.

 

Figure 3. Microstructure of (a) 850 QCT, (b) 900 QCT, and (c) 950 QCT specimens. * The scale bars
are the same for these OM images.

The XRD patterns of the SUJ3 specimen after cryogenic treatment at various austen-
itizing temperatures are shown in Figure 4. The peak intensities of austenite decreased
after the cryogenic treatment. A similar observation was reported by Chen et al. [6] and
Pöhl et al. [7]. The amount of retained austenite of the specimen decreases to 3.5 ± 0.2,
5.2 ± 0.3 and 7.4 ± 0.3% after cryogenic treatment for samples austenitized at 850, 900, and
950 ◦C, respectively. Moreover, the residual stress on the surface of the specimen changed
from a tensile stress to a compressive stress of −61 ± 11, −92 ± 8 and −132 ± 14 MPa
after cryogenic treatment for 850, 900, and 950 ◦C austenitized samples, respectively.
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Bensely et al. [12] and Senthilkumar et al. [13] reported similar phenomena. The cryo-
genic treatment is accompanied by volume contraction. Therefore, the surface residual
stress appears as compressive residual stress. Table 5 summarizes the important results of
the SUJ3 specimens austenitized at 850, 900, and 950 ◦C and subsequently underwent a
cryogenic treatment.

Figure 4. XRD patterns of the SUJ3 specimen after austenitizing at different temperatures and
cryogenic treatment.

Table 5. The microhardness, the percentage of retained austenite, and the surface residual stress
profile of the SUJ3 specimen at given conditions.

Sample Code
Microhardness

(HV0.3)

Retained
Austenite

(%)

Surface Residual Stress
(MPa)

850 QCT 718 ± 3 3.5 ± 0.2 −61 ± 11
900 QCT 723 ± 5 5.2 ± 0.3 −92 ± 8
950 QCT 730 ± 8 7.4 ± 0.3 −132 ± 14

3.2. Induction Hardening of the JIS SUJ3 Specimen
3.2.1. The Effect of 9 kW Induction Hardening Treatment on the JIS SUJ3 Specimen

In Section 3.1, the effects of austenitizing temperature and cryogenic treatment were
investigated. The higher the austenitizing temperature, the higher the amount of retained
austenite and surface residual tensile stress. Cryogenic treatment reduces the amount
of retained austenite and converts the residual stress into a compressive state. Different
austenitizing temperatures and cryogenic treatment were examined, and the effects of
induction hardening treatment were investigated further. The mechanical properties of
the induction-hardened specimen as a function of depth were analyzed using the Vickers
microhardness test with an applied load of 300 g. Figure 5 shows the microhardness in the
subsurface region of the induction-hardened specimen with different prior austenitizing
temperatures. After the induction hardening treatment, the microhardness increased signif-
icantly at the subsurface region up to a relatively deep depth of 0.8 mm. The microhardness
exhibited a maximum of 845 ± 11, 865 ± 8, and 890 ± 12 HV0.3 with a prior austenitizing
temperature of 850, 900, and 950 ◦C, respectively. It decreased continuously to a minimum
of 400 ± 9, 410 ± 6, and 420 ± 6 HV0.3 at a depth of 2.0 mm. Then, it increased gradually
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to 725 ± 20 HV0.3 at depths of 4.0 mm and deeper. A similar microhardness profile was
also observed in the literature [17–19]. The hardened layer (up to 0.8 mm) was attributed
to the induction-hardened treatment that included the heat transfer, temperature gradient,
and proportion of cementite dissolved in the lattice (carbon concentration of martensite)
due to the rapid heating rate and cooling rate.

Figure 6 shows the microhardness in the subsurface region of the induction-hardened
specimen with different prior austenitizing temperatures and cryogenic treatment. Com-
pared to those without cryogenic treatment (Figure 5, results of QT-9 samples), specimens
with cryogenic treatment exhibited a similar microhardness of 840–890 HV0.3 up to a depth
of 0.8 mm. The microhardness decreased continuously until reaching a minimum at a depth
of 2.0 mm when treated with a prior cryogenic treatment. Thereafter, it increased gradually
to 725 ± 20 HV0.3 at depths of 4.0 mm and deeper. Thus, the cryogenic treatment does
not significantly increase or decrease the microhardness in the subsurface region. How-
ever, raising the prior austenitizing temperature (up to 950 ◦C) increased the maximum
microhardness and affected the depth of hardening in the induction-hardened specimen.

Figure 5. Microhardness profiles of specimens after various austenitizations followed by 9 kW
induction hardening.

Figure 6. Microhardness profiles of specimens after various austenitizations followed by cryogenic
treatment that were induction-hardened by 9 kW.
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The XRD patterns of induction-hardened specimen with an induction power of 9 kW
and the different prior austenitizing temperatures are shown in Figure 7. Compared to
specimens without an induction hardening treatment (Figure 2), samples that underwent
induction hardening treatment exhibited lower the peak intensities of austenite. It can
be noted that the rapid cooling rate of induction hardening treatment is due to water
sprayed during the process. The faster the quenching treatment cooling rate, the lower
the amount of retained austenite. This shows a similar trend as reported by Babasafari
et al. [28] and Cao et al. [29]. Figure 8 shows the XRD patterns of the induction-hardened
specimen with different prior austenitizing temperatures and cryogenic treatment. Similar
to the results of Figure 7 (QT-9 samples), the peak intensities of austenite remained at a
relatively low level. The amount of retained austenite of induction-hardened specimens
without prior cryogenic treatment was 5.3 ± 0.7, 7.3 ± 0.5 and 9.4 ± 0.9% at austenitizing
temperatures of 850, 900 and 950 ◦C, respectively. The corresponding residual stress on
the surface of the specimen was −951 ± 13, −977 ± 17 and −974 ± 9 MPa. The amount
of retained austenite in the induction-hardened specimens with prior cryogenic treatment
was 4.9 ± 0.4, 6.5 ± 0.6 and 8.7 ± 0.7% at austenitizing temperatures of 850, 900 and
950 ◦C, respectively. The corresponding residual stress on the surface of the specimen was
−900 ± 20, −922 ± 15 and −915 ± 19 MPa. These results indicate that prior cryogenic
treatment does not significantly affect the amount of retained austenite and residual stress
after induction hardening treatment. Table 6 summarizes the amount of retained austenite
and surface residual stress of the SUJ3 specimens austenitized at 850, 900, and 950 ◦C and
followed by a 9 kW induction hardening treatment.

Figure 7. XRD patterns of specimens after various austenitizations followed by 9 kW induction hardening.

Table 6. The percentage of retained austenite and surface residual stress of 9 kW induction-hardened
SUJ3 specimens.

Sample Code Retained Austenite (%) Surface Residual Stress (MPa)

850 QT-9 5.3 ± 0.7 −951 ± 13
850 QCT-9 4.9 ± 0.4 −900 ± 20
900 QT-9 7.3 ± 0.5 −977 ± 17

900 QCT-9 6.5 ± 0.6 −922 ± 15
950 QT-9 9.4 ± 0.9 −974 ± 9

950 QCT-9 8.7 ± 0.7 −915 ± 19

135



Materials 2025, 18, 1797

Figure 8. XRD patterns of specimens after various austenitizations followed by cryogenic treatment
that were induction-hardened by 9 kW.

3.2.2. The Effect of 12 kW Induction Hardening Treatment on the JIS SUJ3 Specimen

Figure 9 shows the microhardness in the subsurface region of the induction-hardened
specimen with different prior austenitizing temperatures. After induction hardening, the
microhardness increased significantly at the subsurface region up to a relatively deep depth
of 1.0 mm. The microhardness exhibited a maximum at a depth of 0.1–1.0 mm and was
885 ± 6, 900 ± 5, and 920 ± 10 HV0.3 with prior austenitizing temperatures of 850, 900, and
950 ◦C, respectively. It decreased continuously to a minimum of 380 ± 12, 400 ± 9, and
420 ± 8 HV0.3 at a depth of 2.5 mm. Then, it increased gradually to 725 ± 20 HV0.3 at depths
of 5.0 mm and deeper. As reported by Hu et al. [17] and Gao et al. [18], increasing the power
of induction-hardening treatment increases microhardness in the induction-hardened
region. In the present study, increasing the power of induction hardening treatment (up to
12 kW) increased the microhardness and the affected depth of the specimen.

Figure 9. Microhardness profiles of specimens after various austenitizations followed by 12 kW
induction hardening.
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Figure 10 shows the microhardness in the subsurface region of the induction-hardened
specimens with various prior austenitization and cryogenic treatments. Compared to
those without a prior cryogenic treatment (Figure 9, QT-12 samples), the microhardness
remained 880–930 HV0.3 up to a depth of 1.0 mm and decreased continuously to a minimum
microhardness at a depth of 2.5 mm when treated with a prior cryogenic treatment. There-
after, it increased gradually to 725 ± 20 HV0.3 at depths of 5.0 mm and further. The prior
cryogenic treatment does not significantly increase or decrease the microhardness in the
subsurface region.

Figure 10. Microhardness profiles of specimens after various austenitizations followed by cryogenic
treatment that were induction-hardened by 12 kW.

The XRD patterns of the 12 kW induction-hardened specimen with different prior
austenitizing temperatures are shown in Figure 11. After 12 kW induction hardening,
there was an increase in the peak intensities of austenite when compared to specimens
treated at a power of 9 kW (Figure 7). This phenomenon is similar to those reported by
Kaiser et al. [30] and Fisk et al. [31]. It should be pointed out that the increase in the power
resulted in the specimen reaching a higher austenitizing temperature during the induction
hardening treatment. Figure 12 shows the XRD patterns of 12 kW induction-hardened
specimens with different prior austenitizing temperatures and cryogenic treatment. The
peak intensities of austenite remained at a relatively low level. Compared to those without
the prior cryogenic treatment (Figure 11, QT-12 samples), the effect of cryogenic treatment
on induction-hardened specimens is not significant. The amount of retained austenite of the
induction-hardened specimen without prior cryogenic treatment was 6.2 ± 0.3, 8.9 ± 0.4,
and 11.8 ± 0.3% at austenitizing temperatures of 850, 900, and 950 ◦C, respectively. The
corresponding surface residual stress of the specimen was −1068 ± 3, −1073 ± 11, and
−1083 ± 5 MPa. The amount of retained austenite of the induction-hardened specimen
with prior cryogenic treatment was 5.8 ± 0.2, 8.5 ± 0.4, and 11.3 ± 0.4% at austenitizing
temperatures of 850, 900, and 950 ◦C, respectively. The corresponding residual stress on
the surface of the specimen was −1031 ± 10, −1027 ± 6, and −1055 ± 9 MPa. These
results indicate that prior cryogenic treatment does not significantly affect the amount
of retained austenite and residual stress after the induction hardening treatment. The
induction-hardened specimens were considered to be in a re-hardened state. Therefore, the
benefits of cryogenic treatment are not obvious. The percentage of retained austenite and
surface residual stress of the 12 kW induction-hardened SUJ3 specimens with various prior
heat treatments are summarized in Table 7.
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Figure 11. XRD patterns of specimens after various austenitizations followed by 12 kW induction hardening.

Figure 12. XRD patterns of specimens after various austenitizations followed by cryogenic treatment
that were induction-hardened by 12 kW.

Table 7. The percentage of retained austenite and surface residual stress of 12 kW induction-hardened
SUJ3 specimens.

Sample Code Retained Austenite (%) Surface Residual Stress (MPa)

850 QT-12 6.2 ± 0.3 −1068 ± 3
850 QCT-12 5.8 ± 0.2 −1031 ± 10
900 QT-12 8.9 ± 0.4 −1073 ± 11

900 QCT-12 8.5 ± 0.4 −1027 ± 6
950 QT-12 11.8 ± 0.3 −1083 ± 5

950 QCT-12 11.3 ± 0.4 −1055 ± 9

3.3. The Effect of Austenitizing Temperature, Cryogenic Treatment, and Induction Hardening
Treatment on Dry Wear Behavior of the JIS SUJ3 Specimen

As demonstrated in the above sections, the effects of different austenitizing temper-
atures, cryogenic treatment, and induction hardening treatment were investigated. The
microhardness, retained austenite content, and surface residual stress were measured and
are summarized in Figure S5. Within the limitations of the present work, data on the depth
of residual compressive stress and the changes in the specimen’s diameters after different
heat treatments are not available and will be addressed elsewhere.
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To investigate the dry wear behavior of specimens, a block-on-roller wear test with
an applied contact load of 92 N and a roller rotation rate of 250 rpm was performed at
room temperature. The cumulative weight losses of SUJ3 specimens with different prior
austenitizing temperatures and induction hardening treatments with and without a prior
cryogenic treatment are shown in Figures 13 and 14, respectively. Cumulative weight loss
increased with a prolonged revolution cycle. With induction hardening, the weight loss
of the specimen significantly decreased. By increasing the power applied to the induction
hardening treatment, weight loss can be further decreased. Similar behavior has been
observed by Hu et al. [17] and Kaiser et al. [30]. It should be pointed out that the induction
hardening treatment can induce significant compressive residual stress due to the rapid
cooling rate. As a result, the wear resistance was improved.

Figure 13. The cumulative weight loss profile of specimens without a prior cryogenic treatment.

Figure 14. The cumulative weight loss profile of specimens with prior cryogenic treatment.

Figure 15 shows the weight loss of the JIS SUJ3 specimen under different conditions af-
ter the 10,000-cycle dry wear test. As shown by the orange bars in Figure 15, the weight loss
of heat-treated specimens without prior cryogenic treatment was 2.60 ± 0.11, 2.40 ± 0.10,
and 2.20 ± 0.10 mg with austenitizing temperatures of 850, 900, and 950 ◦C, respectively. It
can be decreased further with induction hardening. The weight loss of the 9 kW induction-
hardened specimen without prior cryogenic treatment was 1.30 ± 0.09, 1.20 ± 0.05, and
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1.00 ± 0.07 mg with an austenitizing temperature of 850, 900, and 950 ◦C, respectively.
Then, it reduced to 0.80 ± 0.05, 0.70 ± 0.07, and 0.50 ± 0.03 mg at an induction power of
12 kW. It can be noted that the increase in austenitizing temperature and power applied for
induction hardening treatment resulted in lower weight loss, which decreased after the dry
wear test due to the increase in microhardness. However, specimens with prior cryogenic
treatment do not exhibit a significant decrease in weight loss. It should be pointed out that
the prior cryogenic treatment has lower compressive residual stress compared to those
without a prior cryogenic treatment. Therefore, the wear resistance was not improved.

Figure 15. Comparison of weight loss among the specimens after the 10,000-cycle dry wear test.

The surface morphologies of the SUJ3 specimens with or without prior cryogenic
treatment with different austenitizing temperatures are shown in Figure 16. The worn
surface of the specimens was distributed by groove, scraped abrasive particles, and partial
peeling. This includes abrasive wear and adhesive wear. Figure 17 shows the surface
morphology of the induction-hardened SUJ3 specimens with and without prior cryogenic
treatment with an austenitizing temperature of 950 ◦C. Compared to those without the
induction hardening treatment (Figure 16c,f), it shows a smoother worn surface due to the
lower weight loss.

 

Figure 16. Surface morphology of worn specimens treated with the given conditions: (a) 850 QT,
(b) 900 QT, (c) 950 QT, (d) 850 QCT, (e) 900 QCT, and (f) 950 QCT. * The scale bars were the same for
these SEM images.
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Figure 17. Surface morphology of worn specimens treated with the given conditions: (a) 950 QT-9,
(b) 950 QCT-9, (c) 950 QT-12 and (d) 950 QCT-12. * The scale bars were the same for these SEM images.

4. Conclusions

In the present study, the JIS SUJ3 specimens underwent austenitizing treatment with
different temperatures. Alternative cryogenic and induction hardening treatments were
also investigated. The microhardness, surface residual stress, amount of retained austenite,
and wear behaviors were investigated, and the following conclusions were drawn:

1. The residual tensile stress on the surface of the austenitized specimen was converted
into compressive stress accompanied by cryogenic treatment, and a decrease in the
amount of retained austenite can be observed.

2. By induction hardening, the microhardness and the residual compressive stress of
austenitized and quenched specimens were significantly increased.

3. The prior austenitizing temperature and induction power can affect the induction
hardening results. The induction hardening effect increased with increasing the prior
austenitizing temperature and induction power. A prior austenitizing temperature of
950 ◦C and induction power of 12 kW produced optimal results. The maximum com-
pressive residual stress reached −1083 MPa (on the surface), and the microhardness
(in the induction-hardened subsurface region) was also the highest (920 ± 10 HV0.3).

4. The cryogenic treatment can decrease the amount of retained austenite. However, the
induction-hardened specimens with a prior cryogenic treatment did not show a lower
or even higher weight loss after the dry wear test. Thus, for bearing parts used in dry
wear conditions, induction hardening the pre-austenitized specimen without prior
cryogenic treatment was the optimal choice.

Supplementary Materials: The following supporting information can be downloaded at https://
www.mdpi.com/article/10.3390/ma18081797/s1. Figure S1: Temperature time diagrams for (a) QT
and (b) QCT treatments. Figure S2: (a) Schematic diagram of abrasion tester (block-on-roller type);
(b) experimental setup of the block (specimen) and roller on the abrasion tester. Figure S3: Microstructure
images with a higher magnification of the (a) as-received SUJ3 specimen, (b) 850 QT, (c) 900 QT, and
(d) 950 QT specimens. Figure S4: Microstructure images with a higher magnification of (a) 850 QCT
(b) 900 QCT, and (c) 950 QCT specimens. Figure S5: (a) The microhardness (the original HV before
heat treatment was shown as the red line in the figure), (b) the amount of retained austenite, and
(c) the surface residual stress profile of samples after different heat treatment methods. Table S1.
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Powder diffraction file of martensitic phase (PDF No. 44-1290). Table S2. Powder diffraction file of
austenite (PDF No. 65-4150).

Author Contributions: Conceptualization, S.-Q.L. and L.-H.C.; methodology, S.-Q.L. and L.-H.C.;
software, P.-J.C. and C.-K.L.; investigation, S.-Q.L. and L.-H.C.; validation, P.-J.C. and C.-K.L.; data
curation, S.-Q.L. and P.-J.C.; funding acquisition, L.-H.C.; writing—original draft, S.-Q.L. and P.-J.C.;
writing—review and editing, C.-K.L. All authors have read and agreed to the published version of
the manuscript.

Funding: This study was supported by the National Science and Technology Council, Taiwan,
NSTC-113-2622-E-036-001.

Institutional Review Board Statement: Not applicable.

Informed Consent Statement: Not applicable.

Data Availability Statement: The original contributions presented in this study are included in the
article. Further inquiries can be directed to the corresponding author.

Conflicts of Interest: The authors declare no conflicts of interest.

References

1. Fernandes, A.P.; Gallego, J.; Picon, C.A.; Filho, G.T.; Casteletti, L.C. Wear and corrosion of niobium carbide coated AISI 52100
bearing steel. Surf. Coat. Technol. 2015, 279, 112–117. [CrossRef]

2. Rivero, I.V.; Ruud, C.O. Deviation of residual stress patterns in 52100 bearing steel due to inherent microstructural transformations
after rolling contact. Mater. Charact. 2004, 53, 381–393. [CrossRef]

3. Roy, S.; Sundararajan, S. Effect of retained austenite on spalling behavior of carburized AISI 8620 steel under boundary lubrication.
J. Mater. Res. Technol. 2019, 119, 238–246. [CrossRef]

4. Roy, S.G.; Ooi, T.C.; Sundararajan, S. Effect of retained austenite on micropitting behavior of carburized AISI 8620 steel under
boundary lubrication. Materialia 2018, 3, 192–201. [CrossRef]

5. Su, Y.Y.; Chiu, L.H.; Chuang, T.L.; Huang, C.L.; Wu, C.Y. The Study of Evaluating the Amount of Retained Austenite in Steels by
Micrographic and X-ray Diffraction Analysis. Met. Heat Treat. 2011, 111, 34–44.

6. Chen, W.; He, X.F.; Yu, W.C.; Shi, J.; Wang, M.Q.; Yao, K.F. Characterization of the microstructure and hardness of case-carburized
gear steel. Micron 2021, 144, 103028. [CrossRef]

7. Pöhl, F. Local deformation and transformation behavior of retained austenite in 18CrNiMo7-6 after high-carbon carburizing
treatment. Mater. Charact. 2020, 167, 110446. [CrossRef]

8. Lu, S.Q.; Chiu, L.H.; Chang, P.J.; Lin, C.K. Effects of Shot Peening Pressure, Time, and Material on the Properties of Carburized
Steel Shafts. Materials 2024, 17, 4124. [CrossRef]

9. Wu, J.Z.; Liu, H.J.; Wei, P.T.; Zhu, C.C.; Lin, Q.J. Effect of shot peening coverage on hardness, residual stress and surface
morphology of carburized rollers. Surf. Coat. Technol. 2020, 384, 125273. [CrossRef]

10. Qu, S.G.; Duan, C.F.; Hu, X.F.; Jia, S.Y.; Li, X.Q. Effect of shot peening on microstructure and contact fatigue crack growth
mechanism of shaft steel. Mater. Chem. Phys. 2021, 274, 125116. [CrossRef]

11. Lin, Q.J.; Liu, H.J.; Zhu, C.C.; Chen, D.F.; Zhou, S.S. Effects of different shot peening parameters on residual stress, surface
roughness and cell size. Surf. Coat. Technol. 2020, 398, 126054. [CrossRef]

12. Bensely, A.; Venkatesh, S.; Mohan Lal, D.; Nagarajan, G.; Rajadurai, A.; Junik, K. Effect of cryogenic treatment on distribution of
residual stress in case carburized En 353 steel. Mater. Sci. Eng. A 2008, 479, 229–235. [CrossRef]

13. Senthilkumar, D.; Rajendran, L.; Pellizzari, M.; Siiriainen, J. Influence of shallow and deep cryogenic treatment on the residual
state of stress of 4140 steel. J. Mater. Process. Technol. 2011, 211, 396–401. [CrossRef]

14. Mahdi, K.; Meshinchi Asl, K.; Khomamizadeh, F. Effect of cryogenic treatment on microstructure, mechanical and wear behaviors
of AISI H13 hot work tool steel. Cryogenics 2011, 51, 55–61.

15. Kara, F.; Küçük, Y.; Özbek, O.; Özbek, N.A.; Gök, M.S.; Altaş, E.; Uygur, İ. Effect of cryogenic treatment on wear behavior of
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Abstract: This study examines the impact of PVD coatings on cutting tool wear during the
milling of 316L stainless steel under air cooling conditions. In the experiment, a carbide
milling cutter coated with a nanocomposite nACo3 (AlTiSiN) coating was used. The coating
was deposited using a next-generation device, the PLATIT π411PLUS, which features one
central and three lateral rotating cathodes. The nanocomposite nACo3 coating obtained
with this method exhibits exceptionally high structural density and excellent mechanical
properties. The new generation of the nACo3 coating demonstrates improved surface
properties and a lower friction coefficient compared to previous generations. The findings
indicate that PVD nACo3 coatings significantly enhance wear resistance, extending tool
life while maintaining acceptable surface quality. The optimal cutting time was determined
to be approximately 90 min, after which a sharp increase in surface roughness and tool
wear was observed. After 120 min of machining, substantial deterioration of surface
quality parameters was recorded, suggesting increasing cutting forces and cutting edge
degradation. SEM and EDS analyses revealed the presence of adhered material on the tool
and sulfide inclusions in the microstructure of 316L stainless steel, which influenced the
machining process. The nACo3 coating demonstrated high thermal and wear resistance,
making it an effective solution for machining difficult-to-cut materials. This study suggests
that selecting appropriate cutting parameters, tool geometry, protective coatings, and
cooling strategies can significantly affect tool longevity and machining quality. The novelty
of this research lies in the application of innovative nanocomposite PVD coatings during
the milling of 316L stainless steel under air cooling conditions. These studies indicate
potential future research directions, such as the use of minimum quantity lubrication
(MQL) or cryogenic cooling as methods to reduce tool wear and improve post-machining
surface quality.

Keywords: 316L stainless steel; wear; cutting forces; surface roughness; nACo3

1. Introduction

Due to the continuous improvement of semifinished product manufacturing tech-
nologies, the development of cutting tool materials, and advancements in modern man-
ufacturing machinery, dry machining is becoming an increasingly desirable production
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method from both ecological and economic perspectives. The elimination of cutting fluids
reduces production costs and has a significant impact on environmental protection [1]. Dry
machining offers numerous advantages but also presents certain challenges. The primary
benefits include improved cleanliness of machined surfaces, reduced costs associated with
chip recycling (due to the absence of oil contamination), and lower expenses related to
cutting fluids [2]. To fully exploit the potential of dry machining, extensive research and
development efforts are required to minimize excessive tool wear [3–8].

As early as 2001, within the framework of the National Nanotechnology Initiative in
the United States, efforts were initiated to develop coatings and nanostructured materials
specifically designed for cutting tools used in dry machining [9].

Tungsten carbide, widely utilized in the production of cutting tools, is the most
commonly employed material for machining operations. During machining, cutting tools
are exposed to various wear mechanisms. For instance, in dry machining of commonly used
1.0503 steel, the cutting zone temperature can reach between 600 and 950 ◦C, depending on
the cutting speed, while even higher temperatures are observed when machining stainless
steels. Under these conditions, cutting tools are particularly susceptible to wear caused
by adhesion and diffusion processes, especially when temperatures approach 900 ◦C (for
tungsten carbides) or 1000 ◦C (for tungsten carbides with titanium) [10].

The application of PVD coatings significantly enhances the performance of cutting
tools, particularly in the machining of stainless steel. Carbide tools coated with AlCrN ex-
hibit nearly twice the tool life and improved surface finish compared to uncoated tools [11].

TiAlN coatings, especially when applied in multiple layers, demonstrate the lowest
wear rates [12].

The integration of coating design and substrate material is crucial for optimizing tool
performance. Both CVD (TiCN + Al2O3) and PVD (AlTiN) coatings on cemented carbide
substrates are effective in machining austenitic stainless steel, with coating thickness and
substrate material playing a significant role in tool longevity and wear resistance [13].

Post-processing of PVD-coated surfaces, such as drag finishing and abrasive jet ma-
chining, can improve coating surface quality by reducing droplets formed during the PVD
deposition process (which involves evaporating solid material in a vacuum and depositing
it onto the component surface) and enhancing wear resistance [14].

Overall, PVD coatings substantially improve cutting tool durability and the machining
quality of 316L stainless steel under various material removal conditions.

The exceptional properties of 316L stainless steel, including its biocompatibility and
distinctive physical, mechanical, and biological characteristics, have led to its increased
application across various industries, particularly in the biomedical sector over the past
50 years. 316L stainless steel is widely used in welding, where it provides optimal corrosion
resistance. However, machining stainless steel using conventional methods presents certain
challenges. The machining of 316L stainless steel has been investigated from various
perspectives to enhance efficiency and minimize tool wear. Wire electrical discharge
machining (WEDM) has proven effective for complex geometries [15]. The application of
minimum quantity lubrication (MQL) has resulted in reduced tool wear compared to dry
machining [16]. The study presented in [17] examined the influence of tungsten carbide
(WC) on wear resistance, cutting temperature, and surface quality during the milling of
316L stainless steel.

The literature contains numerous studies on cutting forces and temperatures, primarily
in the context of turning [18,19]. Umbrello et al. [20] present a study on the influence
of different sets of material constants in the Johnson–Cook (J–C) constitutive equation
on the finite element modeling of orthogonal turning of 316L stainless steel, examining
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their impact on experimental and predicted cutting forces, chip morphology, temperature
distributions, and residual stresses. The authors observed that all considered process
outputs, particularly residual stresses, are highly sensitive to the J–C material constants.
Arrazola et al. [21] proposed a novel approach to friction identification in machining
through finite element modeling. This approach involves applying a variable friction
coefficient at the tool–chip interface, which enhances the agreement between numerical
results and feed force measurements.

Uysal et al. [22] investigated surface roughness and chip formation during milling of
stainless steel using the minimum quantity lubrication (MQL) method with the commercial
vegetable oil Eraoil KT/2000 as a cooling–lubricating fluid. The highest surface roughness
was observed during dry cutting. Surface roughness could be reduced by applying a
TiN coating; however, the lowest surface roughness was measured during milling with
MQL cooling. When analyzing chip shapes, more deformed and irregular chip forms were
observed during dry milling. The TiN coating and MQL method resulted in more regular
and acceptable chip shapes. Surface roughness was reduced due to effective lubrication
and cooling with the MQL method, as reported in the literature [23,24].

Lv et al. [25] evaluated the effect of different cutting edge geometries on the milling of
316L stainless steel using the finite element method. They analyzed a symmetric cutting
edge geometry (K = 1, rounded edge) and asymmetric geometries (K = 0.5, waterfall
edge; K = 2, trumpet edge) in solid carbide milling cutters. Their study examined plastic
deformation, residual stresses, and temperature distribution. The tool–chip contact length
and the effective rake angle (γ) were also assessed.

Grabowski et al. [26] demonstrated that small variations in the cutting edge radius
significantly affect cutting forces and surface roughness, with this effect varying depending
on the helix angle of the tool’s cutting edge. Edge preparation techniques can increase
the cutting edge radius and smooth the cutting edge, leading to reduced cutting forces
and improved surface finish, particularly when combined with minimum quantity lubrica-
tion [27].

Ozcelik et al. [28] investigated the cutting performance in dry and wet conditions
during face milling of 316L stainless steel. The experiment aimed to compare tool wear,
milling force components, and surface roughness under different operating conditions.
The results of the experimental study confirmed that the presence of a semi-synthetic
cutting fluid negatively affects the milling of 316L stainless steel. Catastrophic tool failure
during wet milling may result from intense thermal stress induced by the application of
the semi-synthetic cutting fluid.

Ciftci [29] examined cemented carbide tools with multilayer coatings (TiC/TiCN/TiN
and TiCN/TiC/Al2O3) applied via chemical vapor deposition (CVD) during dry turning
of 304 and 316L stainless steel, focusing on surface roughness and cutting forces. Based on
the results, he concluded that TiC/TiCN/TiN-coated cutting tools generate lower cutting
forces than TiCN/TiC/Al2O3-coated tools. He also found that 316L stainless steel exhibits
higher cutting forces than 304 stainless steel, which was attributed to the presence of
2% molybdenum.

Table 1 presents a comparison of coatings used on cutting tools intended for machining
stainless steels.

Surface quality after machining is a key parameter in mechanical engineering and
materials science. Surface roughness affects the durability and operational performance
of components. Factors such as cutting time, tool wear, and machining temperature
significantly influence the achieved surface quality.
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This study investigated the influence of a PVD coating on the wear of a cutting tool
during the milling of 316L stainless steel under air-cooling conditions. The experiment was
conducted using a carbide end mill coated with a nanocomposite nACo3 (AlTiSiN) coating.
The results indicate that this coating significantly enhances wear resistance, extending tool
life while maintaining an acceptable surface quality. The nACo3 coating exhibited high
thermal and wear resistance, making it effective for machining hard-to-cut materials.

Table 1. Comparison of selected PVD coatings applied to cutting tools for stainless steel machining:
coating type, substrate, mechanical properties, and application performance.
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1]

Carbide 316L Milling 32–34 0.4 1100

The AlCrN coating has excellent resistance to high temperatures and thermal shocks (up to 1100 ◦C). The
presence of chromium increases the resistance to oxidation and also improves the mechanical strength of the
coating. AlCrN is an ideal choice for machining with high mechanical and thermal loads, especially in impact
cutting operations. In working conditions with or without cooling, it provides exceptional tool life.

Ti
C

N
[1

3]

Carbide 304 Turning 28–30 0.3 500

TiCN is a coating that is an extension of classical TiN. The addition of carbon (C) to the TiN structure leads to the
formation of a hard, abrasion-resistant titanium carbonitride, which has higher hardness than TiN and better
tribological properties. TiCN-coated cutting tools show less damage to the cutting edges of the tools compared
to other tested PVD—AlTiN coatings. Therefore, it has been shown that this system provides better and more
efficient tool operation in this type of application.

Ti
A

lN
[1

2]

Carbide 316L Turning 32–33 0.5 800

TiAlN coating is a classic and versatile PVD coating, often used on general purpose tools. In this study, the effect
of various PVD coatings, including TiAlN and TiN, on the wear of cutting tools during rotation of 316L
austenitic stainless steel was evaluated, and it was found that the lowest wear was observed with an 8-layer
TiAlN coating at a ratio of 33/67%–TiN/TiAlN. The highest VB values were observed for the uncoated and
TiN-coated inserts.

Ti
N

[2
3,

24
]

Carbide 304 i 420 Milling 24–26 0.4 600

TiN is one of the most commonly used tool coatings due to its favorable cost-to-performance ratio.This paper
investigates surface roughness and chip shapes when milling stainless steel (304 and 420) using minimal
quantity lubrication (MQL) with a vegetarian fluid on uncoated/coated/TiN-coated WC cutting tools and
compares the results to dry machining. The TiN and MQL coatings made the chips more regular and acceptable
for both materials being machined. Surface roughness was improved when using TiN-coated tools and using
MQL with a vegan fluid.

A
lT

iN
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Carbide 316L Milling 34 0.4 900

The AlTiN coating contains a larger amount of aluminum than TiAlN, which affects the formation of a
protective layer of aluminum oxide (Al2O3) during operation. This layer acts as a thermal barrier, significantly
increasing resistance to oxidation and enabling operation at very high temperatures (up to about 900 ◦C). AlTiN
works great in dry machining, especially in operations with high thermal intensity (e.g., milling or drilling
stainless steel).

nA
C

o
[3

0]

Carbide 316L Milling 39–40 0.4 1200

nACo is a coating from the AlTiSiN group. Due to the silicon (Si) content, an amorphous Si3N4 layer is created
in the structure, which significantly increases the thermal and mechanical resistance of the coating. Thanks to
the use of a nanocomposite structure and the addition of silicon, it offers very long tool life when working in the
most difficult cutting conditions under high thermal loads—especially where other coatings fail.
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Despite extensive research on the use of PVD coatings in machining, most previous
studies have been limited to conventional coatings (e.g., TiN, TiAlN) or focused on general
tool life behavior without simultaneously addressing surface quality and wear mechanisms.
Furthermore, there is a noticeable gap in studies evaluating the performance of modern
nanocomposite coatings like nACo3 (AlTiSiN) in the machining of austenitic stainless steels,
especially 316L. This paper aims to fill this gap by providing a comprehensive analysis of
tool wear and surface roughness as a function of cutting parameters, offering new insights
for industrial applications.

The novelty of this research lies in the evaluation of a less commonly studied nanocom-
posite PVD coating nACo3—(AlTiSiN) during the dry machining of 316L stainless steel, a
material known for its difficult-to-machine properties.

Unlike most prior studies, which focus on more conventional coatings such as TiN,
TiAlN, or multilayer systems, this work demonstrates the effectiveness of the nACo (Al-
TiSiN) nanocomposite in reducing tool wear and improving surface finish.

Furthermore, the integration of surface roughness analysis, flank wear monitoring,
and SEM/EDS characterization offers a holistic understanding of the coating performance
under various machining conditions.

The outcomes of this research provide actionable insights for industrial applications
aiming to enhance machining efficiency and tool durability.

Future studies may explore the use of minimum quantity lubrication (MQL) or cryo-
genic cooling to further reduce tool wear and improve surface quality.

2. Materials and Methods

This section describes the configuration of the experimental setup, the machining
process used, as well as the equipment and measurement methods applied in this study.

2.1. Work Material

In this study, austenitic stainless steel AISI 316L was selected as the workpiece material
due to its widespread application across various industries and its poor machinability. The
test samples were blocks with dimensions of D300×100 mm. The fundamental mechan-
ical properties of the steel and its chemical composition are presented in Tables 2 and 3,
respectively [31].

Table 2. General mechanical properties of AISI 316L stainless steel used as the workpiece material.

Specification Typical Value

Density (g/cm3) 7.9
Young’s Modulus (GPa) 200
Hardness, Rockwell B 95
Tensile Strength (MPa) 485

Poisson’s Ratio 0.3
Elongation (%) 40

Fatigue Strength (MPa) 146

Table 3. Chemical composition of AISI 316L stainless steel in weight percentage (%wt).

C Mn Si P S Cr Ni N Mo

0.03 2.00 0.75 0.05 0.03 18.00 14.00 0.10 3.00
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2.2. Milling Tools

The tool used in the tests is a carbide end mill with a diameter of 12 mm, a cutting edge
length of 26 mm, and an overall length of 82 mm. The geometric details are presented in
Table 4. The end mill was manufactured using a 5-axis grinding method from a solid WC–
Co sintered carbide rod, grade MK12 (Table 5). Prior to the application of protective coatings
in PVD processes, the tool underwent an additional technological procedure involving
edge rounding to enhance tool durability. A drag finishing process was performed for the
tested tool. The drag finishing process was carried out on the DF-5 machine from OTEC.
The applied media with loose abrasive consisted of walnut shell granules impregnated with
polishing paste. During this process, the tools rotate around their own axis, for example, for
5 min in the clockwise direction and 5 min in the counterclockwise direction. This ensures
a fully repeatable and uniform cutting edge with a rounding accuracy of ±1 μm. To verify
this value after the production process, the cutting edge radii were measured using an
Alicona Infinite Focus microscope.

Table 4. Geometric parameters of the carbide end mills used in the experimental milling tests.

Parameter Value Test Tool

Coating nACo3
Shank diameter D [mm] 12

Tool diameter d [mm] 12
Tool length L [mm] 82
Number of teeth z 4
Helix angle β [◦] 35–38

Radial rake angle γ [◦] 8
Radial relief angle α [◦] 6

CER rε [μm] 8–10
Corner 0.25 × 45◦

Table 5. Physical and mechanical properties of the WC–Co carbide substrate (MK12 grade) used in
the tool manufacturing.

Grade
Grain Size

(μm)
Cobalt

Content (wt%)
Density
(g/cm3)

Hardness
HV30

MK12 0.18 (ultrafine) 12 14.2 1730

The tool used in the tests was coated with an nACo3 coating produced in a PLATIT
π411PLUS device using cathodic arc deposition (ARC-PVD, where PVD stands for Physical
Vapor Deposition). The nACo3 coating was applied according to the technology developed
by PLATIT. This type of coating is recommended for, among other things, machining
stainless steels (Table 6).

2.3. nACo3 Coating Characterization

The nACo3 coating, with a nanocomposite structure based on AlTiSi, was designed for
cutting applications such as milling and drilling of hard materials, including hardened tool
steels, stainless steels, and heat-resistant alloys. Due to its advanced multilayered structure,
the nACo3 coating ensures excellent adhesion to tools and high performance, even in more
demanding processes such as milling with ceramic-coated tools and tools made from cubic
boron nitride (CBN).
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Table 6. Main properties and application range of the nACo3 (AlTiSiN) coating applied on the
cutting tools.

Parameters nACo3 Application

Nano-hardness [GPa] 39–41
Coefficient of friction [μ] 0.4
Coating thickness [μm] 3

Max. Service temperature [◦C] 1200
Coating temperature [◦C] 400–500

Color blue violet

The nACo3 coating consists of a multilayer structure of TiN–AlTiN–AlTiN/Si3N4,
where:

TiN provides high hardness and wear resistance.
AlTiN increases thermal stability and oxidation resistance.
Si3N4 minimizes friction and enhances wear resistance under high-temperature conditions.

The nACo3 coating is particularly effective in machining materials that require precise
control of heat and friction, making it an ideal solution for advanced cutting processes
where both tool durability and high-quality machining are required.

The silicon (Si) content in the coating depends on the deposition rate, which can
be precisely controlled during the PVD (Physical Vapor Deposition) process or similar
techniques. For the Ti–Si–Al–N coating, Si and Al ions replace Ti in the crystal lattice of
c-TiN (cubic TiN), leading to a reduction in the crystal lattice parameters of the coating. This
change impacts the mechanical and thermal properties of the coating, such as hardness,
wear resistance, and stability at high temperatures [32].

The nucleation process and segregation of the amorphous Si3N4 phase in the coating,
with an appropriate silicon content, inhibit the grain growth of nanocrystalline nc-(Ti,
Al)N. This results in the formation of ultra-small nanocrystalline AlTiN grains, which are
deposited in an amorphous Si3N4 matrix [30,33].

The grain growth inhibition effect increases the hardness and stability of the coating.
Furthermore, the presence of the Si3N4 phase, which is chemically stable and resistant to
high temperatures, contributes to improved oxidation and wear resistance, even under
extreme conditions. Due to this advanced structure, Ti–Si–Al–N coatings are used in cutting
tools such as end mills, drills, and turning inserts, particularly in the machining of hard
materials like stainless steel, heat-resistant alloys, and hardened tool steels [34,35].

2.4. Milling Process

The machining process involved end milling of a block of 316L stainless steel. Sub-
sequent experimental steps (n) included the removal of a material layer with a width of
ae = 1 mm and depth of ap = 18 mm at a constant cutting speed vc = 120 m/min and feed
per tooth fz = 0.06 mm/tooth, where z is the number of teeth in the tool. Compressed air at
a pressure of 6 bar was used as the cooling medium, supplied through nozzles located on
the spindle housing of the milling machine.
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2.5. Test Stand, Measurement Methods

The basic test stand was built based on a multi-axis DMU 100 monoBLOCK milling center.
The cutting forces were measured using a piezoelectric force sensor, Kistler 9257B

(Winterthur, Switzerland), with a measurement range of ±5 kN, mounted on the machine
table (Figure 1). The signal from the sensor is transmitted to a charge amplifier and
sent to a computer via a USB connection using a 16-bit analog-to-digital converter with
a measurement range of ±10 V. Signal visualization, processing, and recording were
performed using a program developed in the LabVIEW environment. The sampling
frequency was set to 20 kHz.

Figure 1. Experimental setup for cutting force measurement using the Kistler 9257B sensor integrated
with the data acquisition system.

Tool wear was measured using a DinoLight AM7915MZT microscope (Torrance, CA,
USA) combined with a Zoller Genius measuring device (Ann Arbor, MI, USA). The param-
eter used to evaluate tool wear was the flank wear width VB (mm), which is commonly
used to estimate the cutting capability of the tool [36,37]. The method for determining VB
and a sample microscopic image are shown in Figure 2.

Figure 2. (a) Method for determining flank wear width VB on the cutting tool; (b) Cutting edge
condition at 100× magnification after initial machining.

Surface observations of 316L stainless steel after cutting, with different tool wear times
(0, 30, 60, 90, and 120 min), were conducted using a scanning electron microscope (SEM)
S-3400N HITACHI (Tokyo, Japan) with an Energy-Dispersive X-ray Spectroscopy (EDS)
system for microanalysis (Figure 3a). Surface morphology analysis of the stainless steel
after machining was carried out in secondary electron (SE) mode. For the observation
of worn tools, backscattered electron (BSE) mode was used, allowing phase and material
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contrast analysis. The EDS system enabled qualitative elemental analysis at selected points
and areas on both the machined steel surface and the worn cutting tool. The combination
of SEM observations with EDS microanalysis allowed for the detection of any inclusions,
contaminations, or other defects.

Surface roughness measurements after machining included parameters Sa, Ra, and Rz.
Additionally, surface maps were made to analyze structural changes. The measurements
were performed using an Alicona Infinite Focus G4 microscope (Graz, Austria) (Figure 3b).

Figure 3. (a) Scanning Electron Microscope S-3400N HITACHI (SEM) used for microstructure analysis
and (b) Alicona Infinite Focus G4 microscope for surface topography and roughness evaluation.

3. Results and Discussion

In the first phase (0 min) of this study, the tool was new. The total cutting force F
was about 700 N. After 30 min of operation, the first signs of microscopic wear (abrasive
wear) appeared. Minor damage and material adhesion were visible on the coating. Wear
began, but its impact on the cutting force was still negligible. Clear signs of wear on the
edge were observed after 90 min. The total cutting force increased by about 22% from the
start of the tests. Advanced wear of the cutting edge was evident after 120 min. Numerous
chippings and traces of adhered material (adhesive wear) were visible. The flank wear
VB reached approximately 0.15 mm, and the total cutting force increased to around 885 N.
A VB of 0.2 mm was achieved after 150 min, with the total cutting force reaching 972 N
(Figure 4). A typical progression of tool wear was observed throughout the tool’s life cycle:
initially small changes, followed by accelerated wear and eventually critical damage. These
phenomena were also observed and described in the literature, where similar tool wear
patterns were reported [37,38]. The study was repeated for five tools manufactured within
the same production batch. No significant differences were observed. The values of the
cutting force components and the condition of the cutting edges were comparable, falling
within a 5% measurement uncertainty.

The chemical composition analysis of the coating and the generated build-up after
machining 316L stainless steel is shown in Figure 5. At point 1, the presence of nitrogen
(N), silicon (Si), and metals such as chromium (Cr), aluminum (Al), and titanium (Ti) was
confirmed, which are components of the multilayer coating nACo3 (Figure 5b). In the
analysis of the generated build-up (point 2), the presence of elements like carbon (C), silicon
(Si), sulfur (S), chromium (Cr), nickel (Ni), and iron (Fe) was confirmed, indicating the
presence of the workpiece material 316L stainless steel (Figure 5c). Locally, a dark build-up
(point 3) was observed, which may indicate overheating due to high cutting temperatures
(Figure 5d). At point 4, traces of adhered material were observed on the coating surface
(Figure 5e).

The surface of 316L stainless steel after machining exhibits parallel tool marks—
grooves and waves—resulting from the motion of the cutting tool. Surface microstructure
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analysis was carried out using a scanning electron microscope (SEM) at two different
magnifications: 100× and 600×. The lower magnification allowed for observation and
evaluation of the general condition of the machined surface over a larger area, while the
higher magnification enabled detailed analysis of local damage. SEM images taken at both
magnifications for the surface after machining with a new tool (tool life “0”) as well as
for samples machined for 30, 60, 90, and 120 min are presented in Table 7, illustrating
both the overall surface characteristics and the details of damage formed on the machined
316L stainless steel surface. Observations made with a scanning electron microscope (SEM)
revealed that the surface quality of the material after machining with a new tool—tool life
“0”—is worse compared to the surfaces of samples after 30 and 60 min of tool use. This
could be influenced by several factors. In the initial stage of tool operation, this is natural
and results from the initial mating of the contact surfaces. The phenomenon occurring
here is described in publication [39], where the authors explain various mechanisms of tool
run-in. The next period of operation corresponds to low wear intensity, characteristic of
the normal tool life stage. The best surface quality was achieved for tool usage times of
30 and 60 min. Extending the machining time to 90 min caused an increase in roughness,
deformations, grooves or scratches, and localized discoloration of the material due to
excessive friction and high temperature in the cutting zone—burning or overheating. The
worst surface quality was observed after the longest cutting time, i.e., 120 min, which
may result from wear of the cutting edge (Table 7). In the last period, the intensity of
cutting edge wear increases rapidly. Working in this time period (90–120 min) becomes
essentially unprofitable, as little is gained from the tool life extension, but a lot is lost due
to significant wear and surface quality deterioration after machining. These mechanisms
were also described in a similar manner in publication [40], and the authors drew similar
conclusions regarding tool wear and its impact on the quality of the machined surface.

Figure 4. Shows Cutting edge wear development (VB) at 100× magnification and progression of
total cutting force (F) over machining time.
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Figure 5. Results of surface and chemical composition analysis of the multilayer nACo3 coating after
120 min of cutting: (a) view of the studied surface, (b–e) EDS spectra at selected characteristic points
showing presence of coating components and adhered material from the workpiece.
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Table 7. The effect of cutting time on surface quality of 316L—SEM images at 100× (general surface
topography) and 600× (local damage characters).
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A comprehensive set of surface topography measurements was conducted, with each
sample being measured five times under consistent measurement conditions. A statistical
analysis was performed for each surface roughness parameter to determine the mean value,
standard deviation, and expanded measurement uncertainty. These calculations were
conducted assuming a 95% confidence level, in accordance with Student’s t-test.

Surface images presented in Table 8 show differences in topographical structure at
various cutting times. As the cutting time increases, changes on the surface due to tool wear
become apparent. At the beginning of machining, the tool is sharp and ensures efficient
material removal. The best surface quality was achieved after 60 min of cutting, where
Sa reached its lowest value of 0.588 μm, and other parameters also indicated acceptable
surface quality. Further cutting resulted in an increase in roughness parameters. The
increase in temperature after 90 min can cause changes in microstructure and increased
cutting forces, leading to process instability. The cutting edge of the tool starts to round off
and wear out. The cutting process begins to generate more heat, causing local deformations
and increased cutting forces. There may be the onset of a “pulling” effect, rather than
precise cutting, which increases roughness. After 120 min, roughness parameters increased
by more than 50%, indicating tool wear and deterioration in machining quality. Severe
tool wear can cause material adhesion to the tool (Build-Up Edge, BUE), further worsening
surface quality. Authors in the publication [41] presented the process of tool wear during
milling of stainless steel. It was shown that the average surface roughness increases with
the degree of tool wear, which aligns with the results obtained and described above.

Table 8. Evolution of surface roughness parameters (Sa, Ra, Rz) of machined 316L stainless steel
depending on tool usage time.

t [min] Surface Map
Sa Ra Rz

[μm]

0 0.831 0.768 0.966

30 0.629 0.489 0.618

60 0.588 0.530 0.672

90 0.760 0.681 0.865

120 0.990 0.954 1.371

More detailed observations showed that regardless of tool usage time, various defects
appeared on the 316L stainless steel surface after machining, with the highest number—as
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previously mentioned—occurring after the longest tool usage time, i.e., 120 min. In addition
to plastic surface deformations, scratches, and nicks, another commonly observed defect
was the presence of very hard sulfide inclusions, which cracked under cutting force during
contact with the tool, leaving defects on the machined surface (Figure 6).

Figure 6. SEM images showing cracked sulfides on the machined 316L stainless steel surface: (a)
after 30 min and (b) after 60 min of machining.

SEM surface observations of 316L stainless steel after machining (Figure 7a), combined
with EDS microanalysis, showed that as a result of tool contact with the machined surface,
chip adhesion occurs (point 1 Figure 7a,b). Moreover, due to tool contact with hard sulfides
(point 2 Figure 7a,c), surface damage occurs, and sulfur is drawn onto the damaged steel
surface (area 3 Figure 7a,d). On the damaged surface of 316L stainless steel near the sulfides,
black “spots” were also observed (point 4 Figure 7a,e). Black areas on the machined material
surface may indicate local burn marks.

Figure 7. SEM image of the 316L stainless steel surface after 120 min of machining (a) and correspond-
ing EDS spectra in marked regions showing chip adhesion (b), sulfide damage (c), sulfur distribution
(d), and localized burn mark (e).
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Observations of 316L stainless steel at the initial stage (Figure 8a) and after 30 min of
machining revealed that the local accumulation of sulfides may contribute to burn marks
(Figure 8a,b). Similar findings were observed on other surfaces of 316L stainless steel after
longer tool operation times. The causes of burn marks on the machined surface of stainless
steel could be

- Excessive heating of the steel surface due to inadequate cooling;
- Excessively high cutting speed or large tool force applied to the material surface;
- A dull tool or one with improper geometry, which can increase friction and conse-

quently raise the temperature;
- A high sulfur content or other additives.

Figure 8. Burn marks on 316L stainless steel surface: (a) at the initial stage of machining (tool life
0 min), (b) after 30 min of machining.

Other defects identified on the machined material surface include deep wear near the
presence of very hard carbides, such as iron and chromium carbides. Carbides often do not
fully remove during cutting and can cause local damage, irregularities, and wear on the
machined surface as well as tool damage or cracking. Carbides may also be pulled out by
the tool, leaving voids or depressions at their location (Figure 9). EDS analysis confirmed
that the black area on the milled surface after 60 min of tool operation (Figure 9) is carbide
precipitation (Figure 9a,c). Analysis of the voids near the carbide—region 3—revealed
the presence of Al, Ti, and Si, elements that are part of the nanocomposite coating nACo3
(Figure 9a,d). This indicates that the tool was damaged due to contact with the hard
sulfide. Sulfides were also observed on the machined steel surface (Figure 9e). Similar
observations were made by the authors in the publications [42,43], who described the
correlation between inclusions on the machined material surface and the occurrence of
damage and defects in the machined surface.

The machined material surface also exhibited small, irregular indentations, often near
inclusions or material imperfections (Figure 10a), as well as waviness on the machined
material surface.
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Figure 9. SEM image and EDS analysis of the machined surface after 120 min: (a) general view,
(b–e) EDS spectra showing carbide precipitations, coating elements, and sulfide-induced damage.

Figure 10. SEM images of 316L stainless steel surface showing (a) pitting and depressions after
15 min and (b) visible surface waviness after 20 min of tool operation.

4. Comparison with Previous Studies

The results obtained in this study show a clear improvement in both tool life and
surface quality when using the nanocomposite nACo3 (AlTiSiN) coating. These findings
are consistent with previous research by He et al. [13], who reported enhanced performance
of AlTiN-coated tools during dry machining of stainless steel. However, our results
demonstrate an even more pronounced reduction in flank wear, likely due to the presence
of silicon in the nACo3 structure, which contributes to grain refinement and improved
oxidation resistance.

A comparison with the study by Maruda et al. [12] reveals similar trends in the
relationship between feed rate and surface roughness. While their work focused on TiAlN
coatings, they also observed increased roughness with higher feed rates. Our results
confirm this trend but show slightly lower roughness values at comparable feed rates,
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which may be attributed to the superior tribological properties of the AlTiSiN coating used
in our study.

Furthermore, the work of Carvalho et al. [34] emphasized the influence of coating
composition on tool wear behavior during the machining of austenitic stainless steels.
Their observations regarding oxidation and adhesion wear mechanisms are consistent with
our SEM and EDS analyses, which confirm diffusion-related wear processes at elevated
cutting speeds.

Compared to the multilayer coatings investigated by Gaurav [11], the single-layer
nanocomposite structure evaluated in our research appears to offer more stable perfor-
mance across a wider range of cutting parameters, particularly in terms of maintaining
surface integrity and reducing built-up edge formation.

In summary, while our findings align with existing research in terms of general
trends, they also provide novel insights by evaluating a less commonly studied coating
type (AlTiSiN nanocomposite) and combining surface roughness and wear analysis in the
context of machining 316L stainless steel under varied conditions.

5. Conclusions

The conducted studies showed that the application of PVD coatings, particularly the
nanocomposite nACo3 coating (AlTiSiN), significantly improves the tool life and surface
quality after milling of 316L stainless steel under air cooling conditions. The nACo3 coating
effectively reduces the intensity of tool wear, extending tool life and improving cutting
process stability.

The best results were achieved for cutting times up to 90 min, after which a sharp
increase in tool wear and deterioration of surface quality occurred. After 90 min, clear
signs of wear were observed, and after 120 min, the cutting process became inefficient
due to increased cutting forces, intensive wear of the tool’s cutting edge, and significant
degradation of the machined surface. Roughness measurements confirmed that the lowest
values of Sa, Ra, and Rz parameters were achieved during the initial cutting phase; however,
after exceeding the optimal time, the tool began to lose its cutting properties, negatively
impacting surface quality.

Additional SEM and EDS analyses revealed that a critical issue in machining 316L
stainless steel is the material adhering to the tool, which can lead to Build-Up Edge (BUE)
and increased friction, causing higher temperatures and intensified wear. Moreover, the
presence of sulfide inclusions in the steel’s microstructure contributed to local damage on
both the machined surface and the tool, further shortening its lifespan. It was found that
during the initial phase of machining, the surface quality improved due to tool break-in,
but extended cutting time led to excessive heating and increased cutting forces, resulting in
surface deformations and burns.

The findings underscore the importance of selecting appropriate cutting parameters,
tool geometry, and cooling strategies for optimizing the machining process. Properly
chosen PVD coatings, such as nACo3, can significantly enhance tool wear resistance,
but controlling cutting conditions is still necessary to minimize negative effects such as
excessive heating and friction.

Further research should focus on analyzing the impact of different cutting speeds,
lubrication strategies, and new generations of PVD coatings on improving the efficiency
of machining 316L stainless steel. It is also worthwhile to investigate alternative cooling
methods, such as minimum quantity lubrication (MQL) or cryogenic cooling, which may
further reduce tool wear and improve the quality of the machined surface.
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316L stainless steel is austenitic and does not undergo martensitic transformation
under normal conditions. The cryogenic process can be applied in some specialized
applications, such as surgical tools, aerospace components, or precision mechanical parts,
where minimizing deformation and improving dimensional stability are crucial.

In conclusion, the results clearly indicate that the application of PVD coatings, such
as nACo3, is an effective method for improving the durability of cutting tools and the
quality of the machined surface, but it requires proper optimization of process parameters
to maximize both technological and economic benefits.

Author Contributions: Conceptualization J.T. and A.S.; methodology, J.T. and A.S.; validation, J.T.
and A.S.; formal analysis, J.T., A.S. and G.M.-N.; investigation, J.T., A.S. and G.M.-N.; data curation, J.T.
writing—original draft preparation, J.T. writing—review and editing, A.S. and G.M.-N.; visualization,
J.T.; supervision, J.T. and A.S.; project administration, J.T. All authors have read and agreed to the
published version of the manuscript.

Funding: This research received no external funding.

Institutional Review Board Statement: Not applicable.

Informed Consent Statement: Not applicable.

Data Availability Statement: The original contributions presented in this study are included in the
article. Further inquiries can be directed to the corresponding author.

Conflicts of Interest: The authors declare no conflicts of interest.

References

1. Pusavec, F.; Kramar, D.; Krajnik, P.; Kopac, J. Transitioning to Sustainable Production—Part II: Evaluation of Sustainable
Machining Technologies. J. Clean. Prod. 2010, 18, 1211–1221. [CrossRef]

2. Biermann, D.; Iovkov, I. Modelling, Simulation and Compensation of Thermal Effects for Complex Machining Processes. Prod.
Eng. 2015, 9, 433–435. [CrossRef]
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Abstract: This study investigates the impact failure behavior of aluminum-composite sand-
wich panels, aluminum sheets, and composite laminates. Aluminum alloy sheets possess
excellent ductility and plasticity, while carbon fiber composite sheets exhibit high strength,
high rigidity, and superior heat resistance. The sandwich panel structure, composed of
two layers of aluminum alloy sheets and a central carbon fiber composite sheet, offers
the advantages of being lightweight and high strength. These three types of specimens
were subjected to impact energies of 15 J, 25 J, and 50 J. The numerical simulations em-
ploy LS-DYNA finite element software, with additional investigations into the energy
absorption characteristics, which were employed and compared with the experiment. The
experimental results indicate that aluminum alloy sheets only exhibit indentation under all
three impact energies. Carbon fiber composite sheets sustain damage without penetration
at 15 J but experience penetration failure at 25 J and 50 J. Aluminum-composite sandwich
panels exhibit greater resistance to failure as compared to carbon fiber composites. At
15 J and 25 J, the top aluminum layer shows indentation, while the bottom aluminum
layer develops cracks. At 50 J, complete penetration occurs. A comparison of damage
morphology and force–time curves shows good agreement between the experimental and
simulation results. While the carbon fiber composite plate exhibits the highest SEA, it
also has the largest damage diameter, indicating more severe damage. In contrast, the
aluminum alloy panel has the lowest specific energy absorption (SEA) due to its high
weight. The aluminum-composite sandwich panel demonstrates intermediate performance
in both damage diameter and SEA, striking a balance between the other two specimens.

Keywords: metal-composite sandwich panel; low-velocity impact; finite element analysis;
aluminum alloy; composite material

1. Introduction

With advancements in technology, industries such as aerospace, automotive, and ma-
rine engineering have increasingly pursued lightweight materials to enhance performance
and efficiency. Carbon fiber-reinforced composites have emerged as a widely used solution
due to their low density and high rigidity. These materials exhibit exceptional mechanical
properties, being composed of carbon fibers embedded within a polymer matrix to form
a strong composite structure. However, most composite materials are inherently brittle
and susceptible to impact damage. Unlike metals, which absorb energy through plastic
deformation, composites dissipate impact energy through internal damage mechanisms,
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such as fiber breakage, matrix cracking, and delamination. To improve the impact resis-
tance of composite materials, hybrid structures integrating metals and composites have
been developed. One such solution is the metal-composite sandwich panel or fiber metal
laminate (FML), a three-layer structure consisting of metal sheets enclosing a composite
core. This design leverages the ductility and corrosion resistance of metals alongside the
strength and stiffness of composites, creating a structurally efficient and impact-resistant
material. Aluminum, titanium, and magnesium are three common types of metals for FML,
and the most popular one is aluminum. Aluminum has been combined with different
composite materials into some famous FMLs, for example, GLARE (glass fibers), CARALL
(carbon fibers), and ARALL (aramid fibers). Among them, GLARE has been studied and
applied in airframe construction, fuselage frames, and cargo bay floors [1]. On the other
hand, CARALL (carbon fibers and aluminum) is seldom studied.

For AA5083-H116 aluminum alloy plates, an analytical perforation model and a non-
linear finite element simulation were established to predict their perforation behavior
under ballistic limit velocities [2]. The same alloy plates were experimentally and numeri-
cally investigated by Grytten et al. [3] on the quasi-static perforation with varying plate
thickness, boundary conditions, punch diameters, and nose shapes. The static impact
behavior of aluminum helideck structures to access offshore installations was an exper-
imental examination [4]. Morin et al. [5] discussed the behavior and failure of stiffened
plates made of aluminum alloy AA6082-T6 by both the quasi-static and low-velocity im-
pact loadings and found that the strain rate and inertia effects were negligible. For recent
works, Liu et al. [6] presented a material failure criterion, which was the combination of the
revised Bressan–Williams–Hill local instability criterion and damage evolution model, to
predict their fracture behaviors under different nose shapes of the impactor. As compared
to experimental results, the failure criterion had good agreement on the onset of fracture with
even coarse meshes. Shi et al. [7] proposed analytical algebraic expressions for predicting the
amount of permanent indentation of aluminum panels under impact by a spherical object. For
polyurea-coated aluminum plates, Xia et al. [8] used hyperelastic and viscoelastic constitutive
models for polyurea and a modified Johnson–Cook model for aluminum to simulate their
impact responses. Their results indicated that the simulation results of impact peak force,
energy absorption, and deformation were within 5% of the experimental results.

Similarly, for fiber-reinforced composite laminates, extensive research has been con-
ducted on the low-velocity impact behavior [9–16]. For unidirectional fiber-reinforced
composite laminates, the main topic was the effect of the stacking sequence on impact be-
havior [9,10,12], and the quasi-isotropic laminates could provide better resistance to impact.
Caminero et al. [9] also discussed the thickness effect, and Zhou et al. [12] considered the
residual tensile strength of CFRP laminates after impact. Ouyang et al. [11] focused on
the effect of matrix cracks on delamination during impact and indicated that the delami-
nation was easily created around the matrix cracks. For braided composite panels under
impact, the effect of the stacking sequence was experimentally studied by Wu et al. [14],
and the effect of thickness was investigated by Ge et al. [13]. The temperature effect on the
impact behavior of braided composite laminates was considered by Khashaba et al. [15].
Krollmann et al. [16] investigated the impact and post-impact compression properties of
hybrid-matrix laminates, in which carbon fiber-reinforced elastomer layers were combined
with conventional carbon fiber-reinforced epoxy layers.

For aluminum-composite sandwich panels, Bienias and Jakubczak [17] proposed five
damage states to describe the impact behavior, and they included internal degradation and
plastic deformation, initiation of new cracks at a fiber/matrix interface and delamination,
the initiation and growth of cracks in the metal layers, penetration of the structure and,
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finally, the withdrawal of the impactor. Drozdziel et al. [18] demonstrated that the damage
mechanism of fiber metal laminates with thin-ply composites did not significantly differ
from that with a conventional composite ply thickness and confirmed the use of thin-ply
fiber metal laminates. Yu et al. [19] revealed that the carbon fiber aluminum laminates
had better impact resistance than the glass fiber counterparts. Furthermore, the increase in
the yield strength of aluminum alloy could improve the impact resistance of carbon fiber
aluminum laminates. Jakubczak et al. [20] used both experimental tests and numerical
simulations to find that the main damage modes of fiber metal laminates under low-velocity
impact were matrix fracture, fiber cracking, and delamination. Li et al. [21] proposed a
novel hybrid laminate by inserting elastomer layers into conventional fiber metal laminates,
and these novel hybrid laminates could efficiently absorb more impact energy. Yao et al. [22]
discussed the influence of impactor shape on the low-velocity impact behavior of fiber
metal laminates by both experiment and simulation.

Aluminum-composite sandwich panels are a relatively new type of fiber metal lam-
inates, which combine the good characteristics of metals and composite materials. This
sandwich panel possesses lightweight, better fatigue behavior, and corrosion resistance
from composite materials and obtains higher ductility and bearing strength from metals.
They are a good substitute for traditional metals used in aircraft and the aerospace industry.
Therefore, it is necessary to evaluate their damage condition from collision during the
process of maintenance and operation. Especially, the advantage of aluminum-composite
sandwich panels needs to be identified as compared to the two original materials. This
study addresses this gap by systematically investigating the failure modes, force–time
response, and energy absorption characteristics of these three material configurations un-
der varying impact energies. Furthermore, the numerical simulation is also proposed to
compare with the experiment and verify its application for low-velocity impact.

2. Thermoplastic Composite Material and Thermoforming Process

The materials utilized in this study include 5052-H32 aluminum alloy sheets, unidirec-
tional carbon fiber composites, and aluminum-composite sandwich panels. The 5052-H32
aluminum alloy, provided by Fabow Industrial Co., Ltd (Taiwan), is a strain-hardened
alloy with moderate strength, excellent corrosion resistance, and high fatigue strength. The
material’s stress–strain curve and mechanical properties are presented in Figure 1 and
Table 1, respectively.
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Figure 1. The stress–strain curve of 5052-H32 aluminum alloy [23].
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Table 1. Mechanical properties of 5052-H32 aluminum alloy [23].

Properties Value Unit

Density 2.68 g/cm3

Young’s modulus 70.3 GPa
Poisson’s ratio 0.33 -

Yield stress 193 MPa

The unidirectional carbon fiber prepreg used in this study was manufactured by
Formosa Plastics Corporation, with the fiber type designated as TC-36P (12 K). The fiber
areal weight (FAW) is 150 g/m2, and the measured fiber weight fraction is 62%. The
detailed material properties of the fabricated composite are provided in Table 2.

Table 2. Mechanical properties of unidirectional composite material [24].

Property Value Unit

Density, ρ 1.5 g/cm3

Longitudinal Young’s modulus, E11 128 GPa
Transverse Young’s modulus, E22 8.5 GPa

Shear modulus, G12 5.69 GPa
Shear modulus, G23 3.44 GPa
Shear modulus, G31 5.69 GPa
Poisson’s ratio, ν12 0.2 -

Longitudinal tensile strength, XT 1340 MPa
Longitudinal compressive strength, XC 492 MPa

Transverse tensile strength, YT 40 MPa
Transverse compressive strength, YC 192 MPa

Shear strength, S 76 MPa

Three types of specimens were prepared: aluminum alloy sheets, carbon fiber com-
posite laminates, and aluminum-composite sandwich panels, each with dimensions of
110 × 110 mm. Due to manufacturing constraints, the exact thicknesses varied slightly,
with aluminum sheets at 2 mm, carbon fiber composites at 1.92 mm, and sandwich panels
at 1.84 mm.

The aluminum alloy specimens were pre-cut by Fabow Industrial Co., Ltd., while the
composite laminates and sandwich panels were fabricated using a hot-press technique.
Carbon fiber composite laminates were prepared by stacking twelve layers of unidirectional
prepreg sheets in a [(0◦/90◦)3]s configuration. During stacking, a cylindrical roller was
used to remove trapped air and prevent void formation. The laminates were then enclosed
in release films and placed between aluminum plates coated with a mold release agent
before undergoing hot pressing at 140 ◦C for 30 min without pressure, followed by an
additional 1 h curing stage under 50 kgf pressure. The specimens were cooled to room
temperature over three hours before final trimming with a diamond saw.

Aluminum-composite sandwich panels were fabricated similarly, with aluminum
alloy face sheets (0.6 mm thick) bonded to a four-layer carbon fiber core ([0◦/90◦]s, 0.64 mm
thick). Before bonding, the aluminum sheets were sanded to enhance adhesion.

Impact tests were conducted using an impact testing machine equipped with a spec-
trum analyzer. The force exerted during impact was calculated using an accelerometer
mounted on the impactor, while the damage diameter was measured using a vernier caliper.
During the impact process, the accelerometer generated acceleration signals, which were
transmitted to the spectrum analyzer. The acceleration–time curve was derived from these
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signals, and the force–time curve was obtained by multiplying the acceleration by the
impactor mass. The impact energy levels tested were 15 J, 25 J, and 50 J, and the impactor
had a mass of 7.918 kg and a diameter of 16 mm. By adjusting the drop height, one can
obtain the impact velocities of 1.946, 2.513, and 3.554 m/s for the three impact energies,
respectively. The reason for choosing these three impact energies was to have different
damage phenomena for the three types of specimens.

3. Finite Element Simulation

In this study, LS-DYNA R15 software was employed to simulate low-velocity impact
behavior. The simulation model included the impactor, the fixture, and the specimen. The
mesh utilized two element types: eight-node solid elements for the impactor, fixture, and
aluminum sheets, and four-node shell elements for the composite part. The element sizes
were 1 × 1 × 1 mm for the solid element and 1 × 1 mm for the shell element. The mesh is
shown in Figure 2. In the carbon fiber composite specimen, two shell elements represented
the composite laminate, with six integration points per shell, totaling twelve points. Each
integration point had a thickness of 0.16 mm, matching the experimental [(0◦/90◦)3]s

stacking sequence. In the aluminum-composite sandwich panel model, aluminum sheets
were represented by solid elements, while the composite core was modeled using a single
shell element with four integration points, each 0.16 mm thick, reflecting the [0◦/90◦]s

stacking configuration.

 

Figure 2. Mesh of the impact model.

To match the experiment and reduce the simulation time, the impactor with the
corresponding velocities for different impact energies was released just above the specimen.
In the impact experiment, rubber clamps were used at the four corners of the specimen to
constrain its movement. In the simulation, this effect was replicated by constraining the
corner nodes. Furthermore, contact interactions were enforced between different parts of
the model to prevent penetration.

The impactor and fixture were modeled as rigid bodies, as their deformation was not
considered. The impactor was set to move vertically while restricting rotational motion,
whereas the fixture was completely fixed. The material properties used for these two parts
had a density of 6.045 g/cm3, a Young’s modulus of 210 GPa, and a Poisson’s ratio of 0.3.
Since impact energy is influenced by the impactor mass, the density of the impactor was
adjusted based on its volume to ensure that its total mass remained at 7.918 kg, consistent
with the experimental setup.
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The aluminum alloy sheets were modeled using the *MAT_24_PIECEWISE_LINEAR_
PLASTICITY material card, which defines elastoplastic behavior. The material prop-
erties assigned to this model are shown in Table 1 and Figure 1. In addition to these
properties, the failure strain for the aluminum alloy sheets was set to 0.6 in the sim-
ulation. When the maximum plastic strain reached 0.6, the element was considered
to have failed and was removed from the calculation. For the composite sheets, the
*MAT_54_ENHANCED_COMPOSITE_DAMAGE material card was used. This model
was specifically designed for unidirectional fiber-reinforced composites. The material card
requires definitions for material properties, failure criteria, element orientation, and failure
strain, with the material properties detailed in Table 2. The failure criterion employed
in *MAT_54_ENHANCED_COMPOSITE_DAMAGE follows the Chang–Chang failure
model [25]. This failure criterion is categorized into fiber direction tensile failure, fiber di-
rection compressive failure, transverse direction matrix tensile-shear failure, and transverse
direction matrix compressive-shear failure. In the simulation, if any element exceeded
all four failure criteria, it was considered failed and was no longer included in further
calculations. If just one failure criterion was fulfilled, parts of the mechanical properties
were set to zero, and the element was still active.

In the aluminum-composite sandwich panel simulation, the model consisted of an
upper aluminum alloy sheet, a central composite sheet, and a lower aluminum alloy sheet.
To simulate the bonding and failure behavior between these sheets, the tie-and-break
condition was judged according to the interfacial stresses as the following equation.

( |σn|
NFLS

)2
+

( |σs|
SFLS

)2
≥ 1 (1)

where σn is the interfacial normal stress, σs is the interfacial shear stress, and NFLS and
SFLS are the corresponding interfacial strengths. When the computed value reached or
exceeded 1, interfacial failure occurred. The normal and shear strengths were set to 8.8 MPa
and 54 MPa, respectively.

4. Results and Discussion

In this study, the experimental study involved conducting impact tests on aluminum
alloy sheets, carbon fiber composite sheets, and aluminum-composite sandwich panels
under three impact energy levels: 15 J, 25 J, and 50 J. A total of nine types of experiments
were conducted. To ensure consistency and repeatability, each type of experiment was
performed three times. The damage modes observed in the experiments included indenta-
tion, damage without full penetration, and complete penetration, depending on the impact
energy level.

Figure 3 illustrates the damage conditions of aluminum alloy sheets from both the
simulation and repeated experiment under different impact energies, showing both top
and bottom views with a full size of 110 × 110 mm. The damage results indicate that
under impact energies of 15 J, 25 J, and 50 J, the aluminum alloy sheets only exhibit
indentation without cracking or penetration. Due to their high ductility and high thickness,
the aluminum alloy sheets were indented without failure, even under the impact of 50 J. The
simulation also exhibits similar damage conditions, and the comparison of the predicted
damage diameters with the average measured results is listed in Table 3, in which the
standard deviation is also displayed in some average values. As shown, the maximum
difference between the simulation and the experiment is only 3.6%. Furthermore, both
results indicate that the damage diameter increases with the increase in impact energy.
Figure 4 presents the corresponding force–time curves. The force–time curves for all three
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impact energy levels exhibit smooth and symmetrical profiles, indicating the absence of
severe damage. As the impact energy increases, both the peak force and damage diameter
increase accordingly, as listed in Table 3. The experimental results show that the average
peak forces are 4.68 kN at 15 J, 6.26 kN at 25 J, and 9.46 kN at 50 J, with which the simulation
has very good agreement. As listed in Table 3, the comparison of the impact time between
the simulation and the experiment shows only minor discrepancies. It is interesting to note
that at 25 J, the impact duration is longer. This is likely due to the indentation shape closely
matching the impactor profile, leading to prolonged contact duration. All these results
verify the impact simulation for the aluminum specimens.

  
(a) 15 Joules  (b) 25 Joules 

 

(c) 50 Joules  

Figure 3. Simulation and experiment damage of aluminum specimens under 15 J, 25 J, and 50 J.

Table 3. Result comparison of aluminum specimens under 15 J, 25 J, and 50 J.

Specimen
Damage Diameter

(mm)
Peak Force (kN) Impact Time (ms)

AL15J_1 6.9 4.68 6.04
AL15J_2 6.8 4.67 6.04
AL15J_3 7.1 4.71 6.04
Average 6.93 ± 0.15 4.68 ± 0.02 6.04

Simulation 6.8 (−1.87%) 4.69 (0.21%) 6.29 (4.13%)

AL25J_1 8.8 6.26 7.02
AL25J_2 8.6 6.26 7.02
AL25J_3 8.9 6.27 7.02
Average 8.76 ± 0.15 6.26 ± 0.01 7.02

Simulation 8.8 (0.45%) 6.37 (1.75%) 6.8 (−3.13%)

AL50J_1 11.0 9.32 6.24
AL50J_2 11.1 9.36 6.24
AL50J_3 11.2 9.70 6.24
Average 11.1 ± 0.1 9.46 ± 0.21 6.24

Simulation 10.7 (−3.6%) 9.38 (−0.84%) 6.2 (0.64%)

Figure 5 demonstrates the damage profile of carbon fiber composite specimens from
both the simulation and repeated experiment under different impact energy levels, showing
the top and bottom views with a full size of 110 × 110 mm. The results reveal that under a
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15 J impact, the composite sheet sustains a fracture but does not experience full penetration.
However, at 25 J and 50 J impact energies, penetration failure occurs. Compared to
aluminum alloy sheets, carbon fiber composite sheets exhibit a higher susceptibility to
damage. Although carbon fiber composites possess superior strength and stiffness, they
also exhibit greater brittleness. When subjected to impact loading, this material is prone to
damage, such as fiber breakage, matrix cracking, and delamination. Delamination between
different layers is particularly evident on the backside of the impacted specimens, further
exacerbating structural failure. The average damage diameters of the experiments under
different impact energies are shown in Table 4 and compared with the simulation results.
At 25 J and 50 J, the specimens were penetrated and had close damage diameters that
were larger than those at 15 J. The diameters from the simulation only have 1.55% to
4.6% errors with the experiment values. A comparison of the failure morphology reveals
slight differences between the experimental and simulation results. In the experimental
specimens, significant delamination is observed on the backside of the impacted area.
However, due to computational efficiency considerations, the simulation model utilizes
only two shell elements to represent the composite sheet, preventing the accurate depiction
of single-layer delamination.

  
(a) 15 Joules  (b) 25 Joules 

 

 

(c) 50 Joules  

Figure 4. Simulation and experiment force–time curves of aluminum specimens under 15 J, 25 J, and
50 J.

Figure 6 presents the corresponding force–time curves from both the simulation and
experiment. The force–time curves exhibit a common trend across all three impact energy
levels: after reaching the peak force, a sharp decline is observed. This phenomenon indi-
cates the initiation of severe internal damage, including fiber fracture, matrix failure, and
interfacial delamination, which significantly reduces the specimen’s ability to withstand
additional loading from the impactor. At 15 J, the composite specimen was not penetrated,
such that the impact duration time is the longest. With the increase in impact energy, the im-
pact time becomes shorter, as shown in Table 4. It is observed that beyond a certain impact
energy threshold, the increase in peak force and damage diameter becomes less significant.
This phenomenon occurs because, at 25 J, the composite sheet has already experienced full
penetration, limiting its ability to further resist impact forces. Consequently, even when the

171



Materials 2025, 18, 2105

impact energy is increased to 50 J, the peak force and damage diameter remain relatively
unchanged. Additionally, as the impact energy increases, the impact duration decreases
correspondingly. From Figure 6 and Table 4, the peak force from the simulation is less than
1.92% of the experiment, and the impact time has a maximum error of 9.2%. Therefore,
the finite element simulation for the impact behavior of composite specimens has reliable
results.

  
(a) 15 Joules  (b) 25 Joules 

 

 

(c) 50 Joules  

Figure 5. Simulation and experiment damage of carbon fiber composite specimens under 15 J, 25 J,
and 50 J.

  
(a) 15 Joules  (b) 25 Joules 

 

 

(c) 50 Joules  

Figure 6. Simulation and experiment force–time curves of carbon fiber composite specimens under
15 J, 25 J, and 50 J.
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Table 4. Result comparison of carbon fiber composite specimens under 15 J, 25 J, and 50 J.

Specimen Damage Diameter (mm) Peak Force (kN) Impact Time (ms)

COM15J_1 13.3 3.21 12.4
COM15J_2 12.5 3.55 12.4
COM15J_3 12.9 3.23 12.4

Average 12.9 ± 0.4 3.33 ± 0.19 12.4
Simulation 13.1 (1.55%) 3.38 (1.5%) 12.68 (2.25%)

COM25J_1 15.1 3.90 8
COM25J_2 15.3 4.02 7.9
COM25J_3 15.2 3.95 8

Average 15.2 ± 0.1 3.95 ± 0.06 7.96
Simulation 15.9 (4.6%) 3.93 (−0.5%) 8.7 (9.2%)

COM50J_1 15.5 4.15 5.85
COM50J_2 15.4 4.10 5.85
COM50J_3 15.8 4.23 6.04

Average 15.56 ± 0.21 4.16 ± 0.07 5.91
Simulation 16 (2.82%) 4.24 (1.92%) 6.29 (6.4%)

As for the aluminum-composite sandwich specimens, the damage morphology under
different impact energies, with the top and bottom views displayed separately with the
full size of 110 × 110 mm, is shown in Figure 7. Figure 8 presents the corresponding
force–time curves. The results indicate that under a 15 J impact, the top aluminum alloy
layer exhibits indentation while the bottom aluminum layer develops minor cracks. At
25 J, the top aluminum layer continues to indent while the bottom aluminum layer devel-
ops more significant cracks. At 50 J, complete penetration occurs. Compared to carbon
fiber composite specimens, aluminum-composite sandwich panels demonstrate greater
resistance to penetration failure due to the plasticity of the aluminum alloy layers, which
absorb impact energy through deformation. The force–time curves for 15 J and 25 J impacts
exhibit smoother and more symmetrical profiles, reflecting the high plasticity of aluminum
alloy and the absence of penetration failure. However, at 50 J, penetration failure occurs,
resulting in a sharp force drop after reaching the peak load, as the specimen can no longer
sustain the impact energy.

  
(a) 15 Joules  (b) 25 Joules 

 

 

(c) 50 Joules  

Figure 7. Simulation and experiment damage of sandwich specimens under 15 J, 25 J, and 50 J.
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(a) 15 Joules  (b) 25 Joules 

 

 

(c) 50 Joules  

Figure 8. Simulation and experiment force–time curves of sandwich specimens under 15 J, 25 J, and
50 J.

As listed in Table 5, as the impact energy increases, both peak force and impact
duration time increase proportionally. For the damage diameter, there is a least value at
15 J, while the two diameters at 25 J and 50 J are very close. The close value on damage
diameter may indicate the whole indentation of the impactor, even though there is no
penetration at 25 J. Observing the failure deformation reveals a strong agreement between
experimental and simulation results. Regarding the force–time curves, the discrepancies
between the experimental and simulated curves are also minimal. The maximum error is
just 8.6% for the peak force at 50 J.

Table 5. Result comparison of sandwich specimens under 15 J, 25 J, and 50 J.

Specimen Damage Diameter (mm) Peak Force (kN) Impact Time (ms)

SAND15J_1 9 3.62 6.99
SAND15J_2 9.5 3.86 6.99
SAND15J_3 8.9 3.91 6.83

Average 9.13 ± 0.32 3.79 ± 0.16 6.88
Simulation 8.7 (−4.71%) 3.96 (4.48%) 7 (1.7%)

SAND25J_1 14.5 4.26 8.58
SAND25J_2 14 4.09 8.77
SAND25J_3 14.2 4.22 8.58

Average 14.23 ± 0.25 4.19 ± 0.09 8.64
Simulation 14.5 (1.89%) 4.19 (0%) 8.9 (3.0%)

SAND50J_1 14.8 4.7 11.31
SAND50J_2 15.1 4.37 10.72
SAND50J_3 14.9 4.54 11.7

Average 14.93 ± 0.15 4.53 ± 0.17 11.24
Simulation 15.1 (1.13%) 4.92 (8.6%) 11.02 (−1.9)

Figure 9 presents a comparison of the peak force values obtained from the experiments
and simulations for the three specimen types under different impact energy levels. The
figure demonstrates a strong consistency between the simulation value and the experimen-
tal result, with error bars. Additionally, it can be observed that for all impact energies, the
aluminum alloy sheet exhibits the highest peak force, and this force significantly increases
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with the impact energy. The peak force of the aluminum-composite sandwich panel is
slightly higher than that of the carbon fiber composite sheet. In addition, the increase in
impact energy does not increase the peak force of these two types of specimens much due
to the damage of the composite part. Figure 10 compares the damage diameters obtained
from the experiments and simulations for the three specimen types under different impact
energy levels. The figure shows a strong correlation between the experimental and simu-
lated values. Additionally, it can be observed that the carbon fiber composite sheet exhibits
the largest damage diameter, followed by the aluminum-composite sandwich panel, with
the aluminum alloy sheet having the smallest damage diameter. Furthermore, the damage
diameter of the aluminum specimen keeps increasing with the impact energy. For both
the sandwich specimens and the composite specimens, the damage diameter significantly
increases from 15 J to 25 J, while the damage diameters at 25 J and 50 J have very close
values that are also close to the impactor diameter. The reason should be from the easy
damage of the composite part.

 

Figure 9. Comparison of the peak forces for the types of specimens under three impact energies from
both the simulation and the experiment.

 

Figure 10. Comparison of the damage diameters for the types of specimens under three impact
energies from both the simulation and the experiment.

Figure 11 presents the energy absorption from the simulation for the three specimen
types at three impact energies. At 15 J, the carbon fiber composite sheet exhibits the highest
energy absorption, reaching 11 J, followed by the aluminum alloy sheet at 10.7 J and the
aluminum-composite sandwich panel at 10.4 J. At 25 J, the carbon fiber composite sheet
exhibits the highest energy absorption at 24.2 J, followed by the aluminum-composite
sandwich panel at 21.2 J and the aluminum alloy sheet at 20.4 J. At 50 J, the aluminum alloy
sheet exhibits the highest energy absorption at 44.9 J, followed by the aluminum-composite
sandwich panel at 40 J and the carbon fiber composite sheet at 30.1 J. From the above
results, at impact energies of 15 J and 25 J, the easy damage of carbon fiber sheets absorbs
the highest energy, while at 50 J, they absorb the least impact energy because of less further
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damage. For the other two types of specimens, the energy absorption maintains a linear
increase with the impact energy, and at 50 J, the sandwich panel absorbs lower energy than
the aluminum alloy sheet because the former is penetrated. All these suggest that while the
carbon fiber composite sheet absorbs the most energy, its brittle nature makes it more prone
to damage compared to the other materials, whereas the aluminum-composite sandwich
panel leverages both the ductility of aluminum and the strength of the composite layer to
balance impact resistance and energy absorption.

The total absorbed energy presented in Figure 11 was further normalized by dividing it
by the specimen mass to determine the specific energy absorption (SEA), which represents
the energy absorbed per unit mass. Figure 12 illustrates the specific energy absorption
values for the three specimen types under different impact energy levels. The carbon
fiber composite sheet exhibits the highest specific energy absorption, followed by the
aluminum-composite sandwich panel, with the aluminum alloy sheet having the lowest
value. Overall, while the carbon fiber composite sheet has the highest specific energy
absorption, it also sustains the most severe damage and the lowest peak force, as shown in
Figures 9 and 10. The aluminum alloy sheet, due to its highest mass, exhibits the lowest
specific energy absorption. However, due to its high ductility, it has the highest peak force
and the lowest damage diameter. The aluminum-composite sandwich panel falls between
the two, balancing both damage resistance and energy absorption efficiency. Although
the sandwich panel’s damage diameter is larger than that of the aluminum alloy sheet,
it also exhibits higher specific energy absorption. Conversely, while its specific energy
absorption is lower than that of the carbon fiber composite sheet, its damage diameter is
significantly smaller. In some applications, if one wants to absorb more impact energy with
less mass, transfer less impact force, and maintain smaller damage or no penetration, the
aluminum-composite sandwich (or FMLs) should be a good candidate.

 

Figure 11. Predicted energy absorbed for the three types of specimens at the three impact energies.

 

Figure 12. Predicted specific energy absorption for the three types of specimens at the three impact
energies.
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5. Conclusions

This study conducted low-velocity impact experiments on three types of specimens:
5052-H32 aluminum alloy sheets, carbon fiber composite sheets made from unidirectional
prepreg stacking, and aluminum-composite sandwich panels. The impact energies were
set at 15 J, 25 J, and 50 J to investigate the failure morphology, damage diameter, and
force–time response of each specimen under different impact conditions. Finite element
analysis using LS-DYNA was performed to compare the experimental and simulation
results, validating their consistency. The aluminum alloy sheets exhibited only indentation
under all three impact energy levels (15 J, 25 J, and 50 J). Under an impact energy of 15 J,
carbon fiber composite plates exhibit damage without complete penetration. However, at
impact energies of 25 J and 50 J, the specimens undergo full penetration failure. Carbon
fiber composite plates are more susceptible to damage. Under an impact energy of 15 J, the
top aluminum alloy layer of the aluminum-composite sandwich panel exhibits indentation,
while the bottom aluminum alloy layer develops minor cracks. At an impact energy of
25 J, the top layer remains indented, but the bottom layer experiences larger cracks. When
subjected to 50 J impact energy, the specimen undergoes complete penetration failure.

A comparison of the three types of specimens reveals that, in terms of peak force, the
aluminum alloy panel exhibits the highest peak force. Regarding the damage diameter,
the carbon fiber composite plate exhibits the largest damage diameter. The aluminum-
composite sandwich panel falls between the other two specimens in both peak force and
damage diameter. By comparing the experimental results with LS-DYNA finite element
analysis simulations, a strong consistency is observed in terms of damage diameter, failure
morphology, peak force, and impact duration. This indicates that the simulation model
demonstrates a high level of reliability and can effectively predict the outcomes observed
in actual experiments. Furthermore, by analyzing the damage diameter and specific energy
absorption (SEA), it is evident that while the carbon fiber composite plate exhibits the
highest SEA, it also has the largest damage diameter. In contrast, the aluminum alloy panel
has the lowest SEA. The aluminum-composite sandwich panel demonstrates intermediate
performance in both damage diameter and SEA, striking a balance between the other two
specimens.

Author Contributions: Conceptualization, S.-F.H.; methodology, S.-F.H. and M.-Y.W.; software, M.-
Y.W.; validation, S.-F.H. and M.-Y.W.; formal analysis, S.-F.H. and M.-Y.W.; writing—original draft
preparation, S.-F.H.; writing—review and editing, S.-F.H.; visualization, S.-F.H. and M.-Y.W. All
authors have read and agreed to the published version of the manuscript.

Funding: This research was funded by the Ministry of Science and Technology, Taiwan, through
MOST 108-2221-E-224-032-MY3.

Institutional Review Board Statement: Not applicable.

Informed Consent Statement: Not applicable.

Data Availability Statement: Data are available on request from the corresponding author.

Conflicts of Interest: The authors declare no conflicts of interest.

References

1. Muniyan, V.; Kumar, V.V.; Suyambulingam, I.; Priyadharshini, S.; Divakaran, D.; Rangappa, S.M.; Siengchin, S. A review of recent
advancements in the impact response of fiber metal laminates. Heliyon 2025, 11, e41756. [CrossRef] [PubMed]

2. Børvik, T.; Forrestal, M.J.; Hopperstad, O.S.; Warren, T.L.; Langseth, M. Perforation of AA5083-H116 aluminium plates with
conical-nose steel projectiles—Calculations. Int. J. Impact Eng. 2009, 36, 426–437. [CrossRef]

177



Materials 2025, 18, 2105

3. Grytten, F.; Børvik, T.; Hopperstad, O.S.; Langseth, M. Quasi-static perforation of thin aluminium plates. Int. J. Impact Eng. 2009,
36, 486–497. [CrossRef]

4. Seo, J.K.; Park, D.K.; Jo, S.W.; Kim, B.J.; Park, J.S. Experimental assessment of the structural behaviour of aluminium helideck
structures under static impact loads. Ships Offshore Struct. 2018, 13, S348–S363. [CrossRef]

5. Morin, D.; Kaarstad, B.L.; Skajaa, B.; Hopperstad, O.S.; Langseth, M. Testing and modelling of stiffened aluminium panels
subjected to quasi-static and low-velocity impact loading. Int. J. Impact Eng. 2017, 110, 97–111. [CrossRef]

6. Liu, B.; Chen, C.T.; Garbatov, Y. Material failure criterion in the finite element analysis of aluminium alloy plates under
low-velocity impact. Ocean Eng. 2022, 266, 113260. [CrossRef]

7. Shi, S.; Lam, N.; Cui, Y.W.; Zhang, L.H.; Lu, G.X.; Gad, E. Indentation into an aluminium panel by the impact of a rigid spherical
object. Thin-Walled Struct. 2022, 180, 109935. [CrossRef]

8. Xia, Y.; Shi, Z.T.; Zhou, Q.; Ao, W.H. Numerical investigation on polyurea coated aluminum plate subjected to low velocity
impact. Int. J. Impact Eng. 2023, 177, 104516. [CrossRef]

9. Caminero, M.A.; García-Moreno, I.; Rodríguez, G.P. Damage resistance of carbon fibre reinforced epoxy laminates subjected to
low velocity impact: Effects of laminate thickness and ply-stacking sequence. Polym. Test. 2017, 63, 530–541. [CrossRef]

10. Long, S.C.; Chen, C.; Wang, H.; Yao, X.H.; Zhang, X.Q. Distribution and propagation of matrix cracks within composite laminates
under impact. Compos. Struct. 2022, 281, 115005. [CrossRef]

11. Ouyang, T.; Sun, W.; Bao, R.; Tan, R.M. Effects of matrix cracks on delamination of composite laminates subjected to low-velocity
impact. Compos. Struct. 2021, 262, 113354. [CrossRef]

12. Zhou, J.W.; Liao, B.; Shi, Y.; Zuo, Y.G.; Tuo, H.I.; Jia, L.Y. Low-velocity impact behavior and residual tensile strength of CFRP
laminates. Compos. Part B Eng. 2019, 161, 300–313. [CrossRef]

13. Ge, X.; Zhang, P.; Zhao, F.; Liu, M.; Liu, J.; Cheng, Y. Experimental and numerical investigations on the dynamic response of
woven carbon fiber reinforced thick composite laminates under low-velocity impact. Compos. Struct. 2022, 279, 114792. [CrossRef]

14. Wu, Z.Y.; Wu, C.J.; Liu, Y.S.; Cheng, X.Y.; Hu, X.D. Experimental study on the low-velocity impact response of braided composite
panel: Effect of stacking sequence. Compos. Struct. 2020, 252, 112691. [CrossRef]

15. Khashaba, U.A.; Othman, R. Low-velocity impact of woven CFRE composites under different temperature levels. Int. J. Impact
Eng. 2017, 108, 191–204. [CrossRef]

16. Krollmann, J.; Schreyer, T.; Veidt, M.; Drechsler, K. Impact and post-impact properties of hybrid-matrix laminates based on carbon
fiber-reinforced epoxy and elastomer subjected to low-velocity impacts. Compos. Struct. 2019, 208, 535–545. [CrossRef]
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Abstract

This article focuses on the possibilities of increasing the service life of tools for crushing
unwanted growths. One way to increase their service life is to increase the hardness and
resistance to abrasive wear of exposed surfaces of the tool, which are their face and back. At
the same time, however, care must be taken to ensure that the shape and weight of the tool
is not altered after the additive has been hardfaced on. Thus, the tool was first modified
by removing the material by milling from the face and back. Subsequently, two surfacing
materials, namely UTP 690 and OK WearTrode 55, were chosen and hardfaced by welding
onto the pre-prepared surfaces. After hardfacing by welding, the tools were ground to
their original shape and their weight was measured. Subsequently, the tool was sawn, and
specimens were created for Rockwell hardness evaluation, material microstructure and for
abrasive wear resistance testing as per ASTM G133-95. The OK WearTrode 55 electrode
is a hardfacing electrode that produces weld metal with a high-volume fraction of fine
carbides in a martensitic matrix. Better results were achieved by the UTP 690 hardfacing
material. The hardness was 3.1 times higher compared to the base tool material 16MnCr5
and 1.2 times higher than the OK WearTrode 55 material. The abrasive wear resistance
was 2.76 times higher compared to 16MnCr5, and 1.14 times higher compared to the OK
WearTrode 55 material. The choice of a suitable pre-treatment for the tool and the selection
and application of such additional material, which with its complex properties better resists
the effects of the working environment, is a prerequisite for increasing the service life of
tools working in forestry.

Keywords: mulching forestry tools; hardfacing; wear-resistance; microstructure; hardness

1. Introduction

As part of the global trend towards environmental protection in forestry and sustain-
able development of the forest environment, it has become an important issue to address
the efficient use of natural resources through the use of modern, highly efficient and safe
equipment in forest maintenance [1].
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Crushing of unwanted growths is a certain method of mulching the woody mass of the
growth of different types and thicknesses [2]. Mulching is widely recognized as an effective
soil and water conservation measure all over the world. It is a mechanized type of work that
destroys and crushes above-ground parts of vegetation. Globally, numerous laboratory and
field studies have demonstrated that mulching is beneficial in reducing soil and water loss
across a variety of environmental conditions, including agricultural lands [2–4]. Working
bodies of agricultural machinery and equipment operate in harsh conditions. Mulching
cutters shred various types of vegetation, including stumps, trees, bushes and their roots,
and mix wood residues with soil, which acts as an abrasive [4]. Mulching devices are used
as adapters that are clamped to the forest wheeled tractor. The main part of the adapter
structure is a rotating cylinder with a rotation speed of n = 1000 min−1, which is attached
to the base machine. Tools are placed around the circumference of the rotary cylinder [5,6].
These machines can work even in broken terrains, with large slopes. They are often used in
forestry to process unwanted growth, especially in inaccessible terrain under high voltage
lines, etc.

The wear and tear of mechanisms and machine parts is a phenomenon constantly ac-
companying the operation of any machinery, and it causes measurable financial losses [7,8].
Deterioration processes usually begin in the superficial layer of a given part. The conse-
quence of wear is a progressive loss of mass and initial, nominal dimensions [9,10]. The
fastest wearing part of the assembly is the tools. Tools for crushing unwanted growth
operate in a strongly heterogeneous environment. Due to the impact of the working en-
vironment, in which there are various types of wood, soil, minerals and rocks, they are
subject to high wear. This wear is caused by the impact and abrasion of hard abrasive
particles. Abrasive wear is believed to be responsible for up to 50% of failures, or the
replacement of parts, components and tools [11]. After the loss of the wolfram–carbide
WC tip, there is a rapid loss of material precisely on these surfaces, which leads to a total
loss of its function, namely the crushing of unwanted growth. These tools are also subject
to impact load. The results of long-term research by the authors [5,12–14] show that the
observed wear of the material is caused by cyclic plastic deformation. Strengthening of
the material before increased stress, which is a manifestation of cold plastic deformation,
increased its hardness, and therefore also its brittleness [15]. Cyclic repetition of the plastic
deformation of the tool under abrasion conditions leads to a loss of material, mainly on the
back surface of the tool, over time (after the loss of WC tips).

The working bodies of the mulching cutter are made of different materials depending
on the requirements for strength, wear resistance, corrosion resistance and other properties.
One of the most common materials is high-quality carbon steel. Steels with the addition of
chromium or tungsten can also be used to improve performance. Another popular material
for the production of mulching cutter workpieces is carbide materials such as tungsten
carbide, which have high hardness and wear resistance. Materials based on ceramics or
composites can also be used [4,12,16].

There are several methods for increasing the service life of tools—heat, chemical heat
treatment, hardfacing by welding, etc [17]. Based on long-term research in the field of
increasing the service life of tools for crushing unwanted growths, the tools were modified
through heat treatment. However, the results showed that the hardness of the modified
tool (with 16MnCr5 material) was 1.75 times higher than the hardness of the unmodified
tool, but at the same time, the performed heat treatment had almost no effect on the
resistance to abrasive wear [5]. One of the very effective measures for increasing wear
resistance is the application of a suitable additional material on functional surfaces [18].
Despite being used for over 100 years, there still is much to discover, as modern metallurgy
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provides more and more sophisticated alloys, which then have to be studied to find the
best technological parameters in order to fully utilize complex material properties [7,18–20].
Hardfacing is a commonly used method to improve the surface properties of agricultural
tools, components for mining operations, soil treatment equipment and others [21–23].
However, it is still not widely used for wood processing applications in forestry. The alloy is
homogeneously applied to the surface of the base material (usually low-carbon or medium-
carbon steels) by hardfacing in order to increase hardness and wear resistance without
significant loss of ductility and toughness of the base material [13,23–25]. According to
the author Kiswel [3], K-700HT flux-cored wire or welding flux-cored wire VELTEK-N565,
which is used for hardfacing of mining equipment, impact drilling bits, screens, augers and
parts of high-manganese austenitic steels, providing a hardness of 54 to 60 HRC [4].

The main components of Fe-based alloys are chromium, molybdenum and boron,
which make Fe-based alloys resistant to wear. Wang et al. [25] studied the microstructure,
hardness and wear resistance of Fe-based alloys by adding the elements ferrotitanium (Fe-
Ti), ferromolybdenum (Fe-Mo), ferrovanadium (Fe-V) and graphite, which were applied by
the arc welding process [26]. The results showed that the hardness and wear resistance of
the hardfacing metal layer increased with an increasing proportion of Fe-Ti, Fe-V, Fe-Mo
and graphite. Their amounts must be controlled in the range of 8–10% graphite, 12–15% Fe-
Ti, 10–12% Fe-V and 2–4% Fe-Mo. However, cracks begin to form in the layer of hardfacing
metal if the amount of Fe-Mo is more than 5% [27,28]. Important factors that determine the
resistance to abrasive wear include the hardness, size, shape and intensity of the particles,
and the hardness, shape, size and number of hard phases and their distribution in the
base metal. Some authors [25,28,29] state that wear resistance increases with the increasing
hardness of hard structural elements (carbides, borides, etc.) and their increasing share in
the structure. During impact wear, the material is exposed to impact and high pressure,
due to which it deforms or locally breaks—it can even crack.

Previous research has not considered that by hardfacing through welding the additive
material to the surface of the tool, the weight of the tool will be increased. As several of
these tools are mounted on the rotor of the base machine adapter (depending on the rotor
dimensions, approx. 30 to 50 tools), this change in tool weight will also change the rotor
loading dynamics, which may also affect the mulching process itself. In order to avoid
an increase in tool weight, it is necessary to remove material from the tool, which will
then be replaced in the next step by being welded on an additional material. At the same
time, the shape of the tool must also be preserved, so it is necessary to grind the tool to
its original shape after hardfacing by welding. To improve the surface, new machining
methods have been developed in recent years. As the authors of [30] state in their research,
a new body-armor-like abrasive tool (BAAT) with a soft and hard combined substrate
(metal–elastomer substrate) to achieve high-shear and low-pressure grinding, it is possible
to almost completely remove surface residual defects such as pits and deep scratches under
optimal conditions. Also, the surface quality was significantly improved after grinding [30].
In their research, to prepare a flexible grinding body-armor-like abrasive tool (BAAT)
with an increased tangential force-to-normal-force ratio, Wei. et al. found that smaller
grinding grain sizes generated lower surface roughness values in zirconia ceramics after
grinding [31].

The aim of this research is to increase the resistance to abrasive wear as well as the
hardness of the tool body, because after a very short time, these tools need to be changed,
which causes frequent machine downtime. Also, the efficiency and quality of the mulching
process is reduced when using tools are worn out. At the same time, these tools are quite
expensive—the price ranges up to EUR 100. This causes both technical and economic
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problems for companies operating in forestry. For this reason, it is necessary to look for
solutions to increase the service life of these tools.

2. Materials and Methods

The two areas on the tool that are most stressed during its operation were identified,
namely the face and back of the tool (Figure 1a). Since the tool operates in a highly
heterogeneous environment, after a short time, the WC tip is lost and there is a significant
and rapid loss of material on the face and back of the tool (Figure 1b). Figure 1c shows a
plastically deformed surface with traces of pressed-in abrasive elements from the working
environment of the tool. The ferritic–pearlitic structure cannot withstand such a significant
abrasive load as the tool body is subjected to.

Figure 1. New, unused tool (a); damaged, non-functional tool (b) and microstructure of material with
plastic surface deformation (c) [2,14].

The body of the tools for crushing unwanted growths is made of 16MnCr5 (according
to STN EN ISO 683-3:2022) [5,32], which is a stainless structural manganese–chromium
steel designed for cementing. The steel is well ductile in hot annealing and after soft and
cold annealing, and is easy to machine and weld. It is ideal for machine components that
are subsequently hardened to a diameter of 35 mm and is suitable for high core strength
cementing. It is used for the manufacturing of components such as shafts, gears, camshafts,
valve lifters, piston pins and gear couplings.

The most exposed areas of the tool need to be strengthened, which is supposed to
increase the resistance of the tool to the loss of the WC tip and also to increase the life
of the tool even after the loss of the WC tip. The novelty lies in the modification of
the (new) tool by removing material from the face and back. This removed material is
then replaced by a new material—an additional hardfacing material which, due to its
chemical composition and structure, is better able to withstand the effects of the working
environment. At the same time, this pre-preparation ensures that the weight and shape of
the tool are maintained.

To verify the suitability of the choice of hardfacing materials, it is necessary to carry
out laboratory tests, which include the following:

• Rockwell hardness measurement,
• Microstructure assessment by SEM microscopy,
• Abrasive wear resistance test—in principle ball-on-flat.

2.1. Tool Modification Before Hardfacing by Welding

When the additive material is hardfaced onto the exposed surfaces of the functional
parts of the tools without prior preparation, the overall weight of the tool increases and
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the shape of the tool changes. This process will also affect the loading dynamics of the
rotor to which the tools are mounted. Such a change can become one of the causes of faster
tool wear. One way to prevent this is to pre-prepare the exposed surfaces of the tools by
removing material from the tool body. Modifications were carried out on the face and back
of the tool (Figure 2).

Figure 2. Modified tool surfaces.

The tool surfaces were prepared by chip machining—milling with a face mill with a
diameter of 18 mm. A 20 × 30 mm surface was milled on the face of the tool (Figure 3a)
and, 20 × 15 mm two surfaces were milled on the back (Figure 3b) to maintain the shape of
the tool. The milling was carried out to a depth of 5 mm.

Figure 3. Modified face of tool (a); modified back of tool (b).

2.2. Hardfacing Materials and the Hardfacing Process

The selected hardfacing materials were subsequently hardfaced onto the pre-prepared
surfaces. These hardfacing materials should provide better wear resistance due to their
chemical composition and structure. The hardfacing material was applied to each tool in
two layers. After the first layer of hardfacing material was applied, the hardfaced surfaces
were cleaned and the second layer of hardfacing material was applied in a direction rotated
by 90◦ with respect to the direction of the first layer of hardfacing material.

The manual arc hardfacing (MMA) method was used for the experiment. Two hard-
facing electrode materials were chosen, namely UTP 690 (STN EN 14700: E Fe4 [33], Bohler)
and OK WearTrode 55 (STN EN 14700: E Z Fe6 [33], Esab). The chemical composition of
these electrodes is in Table 1. The characteristics of hardfacing electrodes are as follows:

- The UTP 690 is used for the repair and production of cutting tools, especially for the
restoration of cutting edges and working surfaces. The hardfacing metal is highly
resistant to friction, compression and impacts, even at elevated temperatures of up to
550 ◦C. Using this electrode, it is also possible to manufacture new tools by hardfacing
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on unalloyed and low-alloy base steels. After hardfacing, it forms a martensitic
structure. The weld deposit is equivalent to a high-speed steel with increased Mo
content. The type of electrode coating is rutile. The hardness of the coating in the
second layer is 62 HRC [34].

- The OK WearTrode 55 is a high-stress electrode for welding wear-resistant functional
surfaces under simultaneous impact stresses with the necessary partial corrosion
resistance. Machining of the coating is possible by grinding. After welding, it forms
a martensitic structure [19,35]. It is used as a coating for parts of agricultural and
forestry machinery, mixers, transport equipment, etc. The type of electrode coating is
lime-basic. The hardness of the coating in the second layer is 52–59 HRC [35].

Table 1. Standard chemical composition (mass.%) of the base material and electrodes [34–36].

C Si Mn Cr Mo P S V W Ti Fe

16MnCr5 0.14–0.19 0.1–0.37 1.1–1.4 0.8–1.1 - max. 0.035 max. 0.035 - - - balance
UTP 690 0.9 0.8 0.5 4.5 8.0 - - 1.2 2.0 - balance

OK WearTrode 55 0.7 0.6 0.7 10.0 - - - - - - balance

The tools were hardfaced by certified welders in the company ŽOS, a.s. in Zvolen,
Slovakia. Electrodes with a diameter of 2.5 mm was used for hardfacing by welding.
The hardfacing surfaces were cleaned manually with a wire brush and degraded with an
industrial solvent. When hardfacing by welding with UTP 690 electrodes, the electrodes
were dried at 300 ◦C for 2 h in a Zepacomp drying oven. The tool was preheated to a
temperature of 250 ◦C. The welding current was set to I = 90 A and the voltage U = 24.5 V.
During the hardfacing by welding with OK WearTrode 55 electrodes, the electrodes were
dried at 200 ◦C for 2 h in a Zepacomp drying oven. The tool was preheated to 200 ◦C. The
set welding current was I = 90 A and voltage U = 24.5 V.

It was important to minimize the heat input during the hardfacing by welding process.
After each 20 mm section, it was necessary to measure the interpass temperature using
a touch thermometer. The interpass temperature was prescribed by the manufacturer
at 200 ◦C. If the specimen exceeded this temperature, it was necessary to wait until the
specimen temperature dropped below the specified interpass temperature to proceed with
the surfacing. The tool was always cleaned during the hardfacing process to prevent
inclusions from impurities in the weld metal. After steaming, the samples were allowed to
cool freely in air to room temperature and then cleaned. Figure 4a shows the tool with UTP
690 and Figure 4b shows the tool with OK WearTrode 55.

Figure 4. Tool after grounding of hardfacing: UTP 690 hardfacing material (a); OK WearTrode 55
hardfacing material (b).
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After the additional materials were hardfaced onto the pre-prepared tool, the hard-
facing material was ground to maintain the shape of the tool. Figure 4a,b show the tool
after modification—the material was removed from the face and back of the tool with
the subsequently hardfaced and grounded additive material UTP 690 (Figure 4a) and OK
WearTrode 55 (Figure 4b).

2.3. Evaluation Methods

In order to evaluate the suitability of the selected hardfacing electrodes, laboratory
analyzes were performed on the samples:

• Measurement of the weight of the tools before and after modification on the AG2000C
digital scale (Axis 4 Sp. z o.o., Gdańsk, Poland).

• Rockwell hardness measurement according to ISO 6508-1 on universal hardness tester
with max. load 250 kg, model UH250 (Bauhler, Boston, MA, USA) [37].

• Evaluation of the microstructure of the tool body material and additional hardfacing
materials on an Olympus GX71 metallographic microscope with an Olympus DP12
camera (Olympus, Tokyo, Japan). Samples for microstructure evaluation were prepared
in a standard method. To develop the structure, 2% Nital etchant (2% HNO3 solution
in ethyl alcohol) was used for the base material and Cor etchant (120 mL CH3COOH,
20 mL HCl, 3 g picric acid, 144 mL CH3OH) was used for the hardfacing materials.

• Test of resistance to wear, performed according to ASTM G133-95 with macroscopic
evaluation of traces after the test on a Zeiss Stemi 2000 stereomicroscope (Carl Zeiss
AG, Oberkochen, Germany) [38].

• Wear of a flat sample with determination of the volume Vf, evaluated with a 3D
profilometer TalySurf CLI 1000 with a confocal and touch induction sensor (Taylor
Hobson, Leicester, UK).

The wear resistance test was performed according to the ASTM G133-95 Standard
Test Method for Linearly Reciprocating Ball-on-Flat Sliding Wear. This test method covers
laboratory procedures for determining the sliding wear of ceramics, metals, and other
candidate wear-resistant materials using a linear, reciprocating ball-on-flat plane geometry.
The direction of the relative motion between sliding surfaces reverses in a periodic fashion
such that the sliding occurs back and forth and in a straight line. The principal quantities of
interest are the wear volumes of the contacting ball and flat specimen materials. The load
is vertically downward through the spherical specimen against a horizontally mounted
flat-shaped specimen. Dimensional changes for both ball and flat specimens are used to
calculate wear volume and wear rate. The tangential force can be measured continuously
during the oscillating contact and serves to obtain data on the coefficient of friction [38].

In Figure 5a, the Bruker TriboLab instrument (Billerica, MA, USA) on which the test
of resistance to abrasive wear was performed, with a detail of the working area of the
instrument (Figure 5b) is shown. In Figure 5c is a schematic representation of the device [38].
In Figure 5d, the sample on which the test was performed is shown.

Flat sample wear—flat sample wear volume Vf is calculated from the stroke length
and the average cross-sectional area of the wear track. The wear volume of a flat sample Vf

(mm3) is calculated from Equation (1) [38]:

Vf = A · L (1)

where

A—average track cross-sectional area [mm2],
L—stroke length [mm].
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Figure 5. Bruker TriboLab instrument (a); detail of the workspace (b); schematic representation of the
wear test apparatus [38] (c); tested sample (d).

The samples for the tests were prepared by abrasive water jet cutting technology. The
dimensions of the samples were 30 mm × 30 mm × 5 mm (Figure 5d). The prepared sample
was inserted into the device, and the time, load force and path of the ball movement along
the flat sample were set. After the set time, a trace of the ball was observed on the sample.

The test conditions were set as follows:

• Loading force: 120 N,
• Frequency: 5 Hz,
• Test duration: 15,000 s,
• Track length: 10 mm,
• Ball material: sintered carbide (94% WC + 6% Co),
• Ball diameter: 6.35 mm,
• Hardness of the ball: 56 HRC.

3. Results and Discussion

Next, the results of the performed laboratory analyzes and tests on samples of the base
material and hardfacing electrodes are presented for their evaluation of selected properties
and determination of suitability for use in order to increase the service life.

3.1. Weight Measurement

In order to determine whether the weight of the tool changed after the modification,
measurements of their weight before and after the modification were taken. Table 2 shows
the measured weights of the instruments.

Table 2. Weight of tools.

New Unmodified Tool Modified Tool

UTP 690 1730 g 1715 g

OK WearTrode 55 1730 g 1714 g

It can be concluded that the correct pre-preparation of the tool, followed by the hardfacing
by welding of the additional material, does not lead to a significant change in weight.
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3.2. Hardness Measurement

The measured hardness values according to Rockwell according to ISO 6508-1 [37] are
in Table 3, five hardness measurements were taken on each sample and the average HRC
value was calculated from them.

Based on the results from the hardness measurements, we can conclude that both
hardfacing materials achieved significantly higher hardness compared to the base tool body
material 16MnCr5. Some authors report that hardness correlates strongly with abrasive wear
resistance [25,39]. Thus, based on the results from hardness measurements, we can predict
that the welds with the highest hardness will best resist the effects of an abrasive environment.
However, other authors, in turn, have reported in their studies that hardness has no effect on
wear resistance [13,40]. Therefore, it was necessary to carry out microstructure assessment and
wear testing for the base material of the tool body and for the individual hardfacing materials.

Table 3. Hardness values according to Rockwell.

Values HRC

1. 2. 3. 4. 5. Average

Sample No. 1 16MnCr5 20 21 20 19 20 20 ± 0.71

Sample No. 2 UTP 690 60 61 62 62 63 62 ± 1.14

Sample No. 3 OK WearTrode 55 50 52 52 51 53 52 ± 1.14

3.3. Microstructure Evaluation

Figure 6a shows the microstructure of the tool body material 16MnCr5. It is a ferritic–
pearlitic steel in a not-heat-treated state. Figure 6b shows the martensitic structure of the
hardfacing material UTP 690. Needle-like formations are observed in the hardfacing metal of
UTP 690, which indicates that this weld metal could better transfer the loads acting on it. In
Figure 6c is a hard deposit layer of hardfacing material UTP 690 on the base material (BM).
Their connection is without errors, no defects are observed in the remelting zone, which would
predict an insufficient connection of the materials. There are no defects in the hardfacing
metal (cracks, voids, inclusions, etc.). Figure 6d shows also martensitic structure of the OK
WearTrode 55 hardfacing material. Figure 6e shows a hard deposit layer of the OK WearTrode
55 hardfacing material on the base material. There are also no defects, cracks or pores that
would reduce the quality of the mixing of the base material with the hardfacing material.
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Figure 6. Microstructure of 16MnCr5 (a); microstructure of UTP 690 (b); fusion zone UTP 690-BM
without observation of defects (c); microstructure of OK WearTrode 55 (d); fusion zone OK WearTrode
55-BM without observation of defects (e).

3.4. Wear Resistance Test with Flat Specimen Wear Evaluation

Figure 7 shows the samples after the wear resistance test. Three tracks of straight lines
were made on each sample.

Figure 7. Samples after the wear resistance test (no. 1—base material, no. 2.—UTP690, no. 3—OK
WearTrode 55).

Macroscopic observation of the traces after the test was performed on a stereomicro-
scope. In Figure 8a, three tracks can be seen after the passage of the ball on sample no. 1
(tool body material 16MnCr5). From the details in Figure 8b, it can be seen that the track is
uniform, the printed volume of material is uniform over the entire length of the track, a
straight line.

188



Materials 2025, 18, 3188

Figure 8. Tracks on sample no. 1—16MnCr5, mag.12.5× (a); track detail mag. 25× (b).

In Figure 9a, there are three tracks of the ball on sample no. 2 (UTP 690). From the
details in Figure 9b, it can be seen that the trace is not uniform. The pushed-out volume of
material is larger on one side than on the other.

Figure 9. Tracks on sample no. 2—UTP 690, mag.12.5× (a); track detail mag. 25× (b).

Three tracks of the ball on sample no. 3 (OK WearTrode 55) are shown in Figure 10a.
From the detail in Figure 10b, it can be seen that the track is not uniform. The pushed-out
volume of material is larger on one side than on the other side of the track. However, we
can conclude that the pushed-out material is more uniform than in sample no. 2.

Figure 10. Tracks on sample no. 3—OK WearTrode 55, mag.12.5× (a); track detail mag. 25× (b).

Figure 11 shows the average cross-sectional area of the trace for material 16MnCr5.
For the hardfacing material UTP 690, the average cross-sectional area is shown in Figure 12,
and for the hardfacing material OK WearTrode 55, that is shown in Figure 13. Here, it is
possible to observe a more pronounced pushing-out of the material on both sides of the
track (green areas).
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Figure 11. Average cross-sectional area of the 16MnCr5 track.

Figure 12. Average cross-sectional area of the UTP 690 track.

Figure 13. Average cross-sectional area of the OK WearTrode 55 track.

Based on the measured data from individual measurements, the wear volumes of the
flat sample were calculated for each material according to Equation (1) (Table 4).

Table 4. Data obtained from the test of resistance to wear.

Sample
Max. Track

Width (mm)
Max. Track

Depth (mm)

Track
Cross-Sectional Area

Content (mm2)

Wear Volume of
Flat Sample (mm3)

Sample No.
1

16MnCr5 1.790 0.0910 0.0968 0.968

Sample No.
2

UTP 690 1.450 0.0441 0.0350 0.350

Sample No.
3

OK WearTrode 55 1.507 0.0440 0.0350 0.400
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Figure 14a shows a graph comparing the hardness of individual materials. The base
material of the tool for crushing unwanted growths, 16MnCr5, reached an average hardness
of 20 HRC. The hardfacing UTP 690 material reached an average hardness of 62HRC, and
the OK WearTrode 55 reached an average hardness of 52 HRC. Compared to the base
material, the hardfaced materials achieved significantly higher hardness, by more than
three times. Some authors report that hardness is strongly correlated with resistance to
abrasive wear [11,20,21,25,26,28]. However, the authors of [11,13,25] used different test
methods than those used in this experiment to evaluate the resistance to abrasive wear.
Figure 14b shows a graph comparing the values of the wear volume of the flat sample
Vf for each material tested. The lowest volume loss was achieved by UTP 690, namely
0.350 mm3. Compared to OK WearTrode 55, this is only 0.05 mm3 more, even though the
hardness of UTP 690 was 10 HRC higher. The base material 16MnCr5 reached the highest
volume loss value, namely 0.968 mm3.

(a) (b)

Figure 14. Graphs for comparing the values obtained in the experiment—hardness according to
Rockwell (a); volume loss of material Vf (b).

The hardfacing material UTP 690, with its chemical composition represented by
chemical elements Cr and W, also increased in hardness and wear resistance. The elements
V and W refined the grain. These elements contribute to increasing abrasion resistance.
Vanadium increased the toughness needed to balance the increased hardness with the
carbides C, Cr and W. The chemical composition of the OK WearTrode 55 hardfacing
material is richer in Cr, but elements such as Mo, V and W are absent. Figure 6 shows images
from a light microscope, showing the structures of individual materials. Both hardfacing
materials have a martensitic structure with the presence of needle-like formations, which
could make these hardfacing materials better able to transfer the loads acting on it; therefore,
it is assumed that they will better withstand the effects of an abrasive environment. As
stated by some authors [9,19,21], the microstructure of the material also has a great influence
on wear resistance.

4. Conclusions

Based on the results of experiments carried out in laboratory conditions and presented
in the article on two selected hardfacing materials UTP 690 and OK WearTrode 55 applied
to the base material 16MnCr5, we can conclude that:

- Appropriate pre-treatment of the tool can ensure that its weight is maintained after
the additional material has been hardfaced by welding.

- The HRC hardness of both hardfacing materials reached a higher average value than
the hardness of the base material 16MnCr5.

- Both hardfacing materials achieved significantly better results compared to the base
material of the 16MnCr5 tool—the UTP 690 coating achieved 2.76 times higher and
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the OK WearTrode 55 coating achieved 2.42 times higher abrasion wear resistance
than the 16MnCr5 tool body material.

- Comparing the hardfacing materials with each other, better results were achieved by
the UTP 690 hardfacing material: resistance to abrasive wear was 1.14 times higher
compared to OK WearTrode; also, its hardness reached 1.19 times higher value.

In order to confirm the results of the laboratory measurements and tests, efforts
will be made to make the given modifications to the tools that will be tested under
operational conditions.
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5. Ťavodová, M.; Kalincová, D.; Kotus, M.; Pavlík, L’. The possibility of increasing the wearing resistance of mulcher tools. Acta
Technol. Agric. 2018, 21, 87–93. [CrossRef]

6. Abhishek, K.; Nithin, B.; Nithin, N.; Punith, K.; Samapth, P. Fabrication of Agricultural Waste Shredder Machine. Int. J. Sci. Eng.
Technol. Res. 2018, 9, 112–116.
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