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One of the key issues in the design of modern ship and offshore structures is the
accurate prediction of strength under various load conditions, especially impact, ultimate
and fatigue strength. The advanced analysis of marine structures is involved in the mechan-
ical analyses of advanced materials such as alloys and composite materials, and strength
analyses of novel structures such as sandwich structures, in order to render marine struc-
tures lightweight, safe and economical throughout their lifetimes. Accordingly, the Special
Issue “Advanced Analysis of Marine Structures” was prepared to collect works relating
to advanced analysis of marine structures in general. To continue that work, the present
Special Issue, “Advanced Analysis of Marine Structures—Edition II”, was developed to
include more works related to this topic.

The present Special Issue contains 14 articles: 3 papers on the impact response of ship
structures, 3 papers related to the ultimate strength of ship structures, 1 paper dealing with
the structural fatigue strength, 3 papers covering the various aspects of strength assessment
of ship and offshore structures, 2 papers revolving around the structural load prediction
and deformation monitoring, and 2 papers involved in the hydrodynamic analysis of
marine devices.

The accurate prediction of ship structural damage due to collisions is a research focus
in impact strength analysis. To enhance the predictive accuracy of failure criteria in the sim-
ulation of ship collisions, Liu et al. [1] studied the modified Mohr-Coulomb failure criterion
for metals, utilizing experimental and numerical methods for parameter calibration.

The design of polar ship structures is often based on the rules and regulations of
classification societies, but ice loading tends to be conservative and exhibits redundancy.
Therefore, Xia et al. [2] evaluated the applicability of the empirical formula for ice load
assessments by conducting a series of quasi-static indentation tests on scaled hull plates
under laboratory-made ice blocks of different scales.

Slamming impact is a typical load on a ship bow, and the whipping induced by
slamming can significantly increase ship loading. Thus, Lu et al. [3] carried out an
experimental and numerical study on the water entry of rigid wedges with various deadrise
angles. The drop height and deadrise angle were parametrically varied to investigate the
effect of the entry velocity and wedge shape on the impact dynamics.

As the dynamic ultimate strength of ship structures is a hot topic in ship safety
assessment, Zhang et al. [4] proposed a novel two-step approach for determining the
dynamic ultimate load capacity of ship structures. The main idea behind the two-step
approach is to determine the dynamic ultimate load capacity based on the static ultimate
load capacity after accounting for impacts that cause strain on the ship structures.

Plated grillage with openings is a typical structural form in the superstructure of
large passenger ships, and the deformation and stresses generated during the welding
complicate the structural failure behavior. Chen et al. [5], therefore, used a new partitioned
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inherent strain method and nonlinear finite element method to simulate the welding and
loading process, validated by experiments.

Since funnels have a non-typical structure in large passenger ships, Ao et al. [6]
presented experimental and finite element investigations on the ultimate strength of the
funnel structure of a large passenger ship subjected to wind pressure.

Offshore platforms can be used to launch rockets, so Xiong et al. [7] investigated
fatigue crack propagation on the lower surface of rocket deflector troughs in offshore
rocket launch platforms. They analyzed the fatigue crack propagation patterns in both the
maximum stress and maximum deformation regions of the deflector channels under the
combined conditions of high temperature and impact.

Safety assessments of ship cargo-securing systems is of significant importance in
preventing casualties, vessel instability and economic losses. Li et al. [8], thus, adopted
an independently designed cylindrical cargo securing scheme with supporting structures
for investigation.

A subsea tunnel crossing an active fault zone is extremely susceptible to disasters, such
as tunnel collapses, sudden water ingress and mud inrush. Therefore, Li et al. [9] conducted
numerical simulations by employing different lining stiffnesses for tunnel excavation, as
well as applying dynamic loads. The dynamic stability of a subsea tunnel crossing an active
fault zone was thus evaluated by comparing and analyzing the lining’s displacement, peak
acceleration and stress characteristics.

Bi-layer pipes, composed of an inner layer and an outer layer, have been widely
used in offshore engineering. Guo et al. [10] derived the governing equation for a bi-
layer pipe subjected to axisymmetric loadings, and the equation is used to develop stress
concentration factor formulations for girth welds in bi-layer pipes.

As the real-time prediction of hull girder loads is of great significance for the safety
of ship structures, Wang et al. [11] compared four recurrent neural network models
and analyzed the effect of different levels of noise on the prediction accuracy of various
load components.

Digital twins play a seminal role in the digital transformation and intelligent up-
grade of ships, so Wei et al. [12] introduced a digital twin methodology for the real-time
monitoring of ship structure deformation fields based on finite discrete strain data, and a
visualization tool framework was developed using virtual reality technology.

The floatation capacity of seabed pipelines has been considered a key risk element
during design. Therefore, Leng et al. [13] presented a two-dimensional coupled approach
with an elastoplastic theory to study the floatation of pipelines with the combined loading
of waves and currents.

A fish aggregating device is an essential supplementary structure used in fishing. Its
hydrodynamic performance affects structural and environmental safety in the harsh ma-
rine environment. As such, Zhang et al. [14] examined the hydrodynamic performance of
biodegradable drifting fish aggregating devices in oceanic currents using numerical modeling.

In summary, the articles presented in the present Special Issue cover broad research
topics related to the advanced analysis of marine structures, guiding readers through the
best analysis approach.
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Abstract: Within the lifecycle of a ship’s hull structure, damage due to collisions has been a focal point
of research for researchers both domestically and internationally. To enhance the predictive accuracy
of failure criteria in the simulation of ship hull collisions, this paper focuses on the modified Mohr—
Coulomb (MMC) failure criterion for metals, utilizing a hybrid experimental-numerical method
for parameter calibration. Consideration of stress-state-dependent mesh size sensitivity has been
amended, and the approach is integrated into the comprehensive nonlinear finite element software
Abaqus 2020. Finite element tensile simulations were conducted to validate the effectiveness of the
MMC criterion. Simulation analyses were conducted based on drop hammer collision experiments
with various failure criteria and grid sizes. The comparative validation highlighted the superiority of
the mesh size sensitivity-corrected MMC failure criterion. The outcomes of this research provide a
foundation for assessing the structural safety of ship hulls.

Keywords: ship collision; MMC failure criterion; numerical simulation

1. Introduction

As computational power rapidly advances and finite element analysis (FEA) software
continues to evolve, finite element methods have become an integral tool in the field of
ship collision studies. Ships, being thin-walled structures, are generally modeled using
shell elements in FEA, and failure of ship structures is often represented by the deletion
of failed shell elements [1,2]. Thus, accurate prediction of the hull structural failure mode
presupposes the definition of an appropriate failure criterion within the simulation software,
which has traditionally been a major challenge in ship collision simulations.

Researchers at home and abroad have conducted extensive research on collision
damage to ship metal structures. Minorsky [3] categorized the research on ship issues
into two aspects: the internal mechanisms and the external mechanisms. The external
mechanisms consider the ship as a rigid body, focusing on the six degrees of freedom
of rigid motion, external loads applied to the ship, and the dissipation of kinetic energy.
The internal mechanisms, on the other hand, are primarily concerned with the dynamic
response of the ship’s structure and its damage and deformation during a collision. Haris
and Amdahl [4] proposed a procedure utilizing a simplified analysis method for examining
ship collisions that takes into account the interaction between the impact deformation
and the struck ship. Tornqvist [5] conducted research on the design of collision-resistant
structures for ships in which the Rice-Tracey and Cockcroft-Latham (RTCL) failure criterion
is calibrated and integrated into the LS-DYNA R12 simulation environment. Ehlers et al. [6]
determined the impact of various failure criteria, such as mesh size sensitivity, on the
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collision results by simulating the collision response of three distinct ship side structures
using the finite element method. Storheim et al. [7] investigated the robustness of the
fracture criterion, i.e., the ability to simulate fracture under different stress states and
mesh sizes.

Concerning metal failure criteria, researchers have conducted numerous studies.
Driemeier et al. [8] found that the introduction of notches in tensile specimens can ef-
fectively increase the stress triaxiality at the fracture location, leading to earlier failure of
the specimen. Wang Zeping [9] integrated the Johnson-Cook (JC) and Gurson-Tvergaard—
Needleman (GTN) models to develop an enhanced material model that addresses the GTN
model’s accuracy limitations at high strain rates. In an exhaustive review of failure criteria
employed in finite element analyses of ship collision events, M.A.G. Calle [10] identified
the equivalent plastic strain failure criterion as notably suitable due to its high practicality
and straightforward integration into prevalent finite element software.

Recent studies demonstrate that metal fracture strain is not only related to stress
triaxiality but also to the Lode angle parameter. Bai and Wierzbicki [11], by modifying
the Mohr-Coulomb criterion to predict the ductile fracture of metallic materials, proposed
the modified Mohr—Coulomb (MMC). Lou et al. [12] and Hu et al. [13] scrutinized the
precision and suitability of the ductile fracture criterion across varying stress triaxiality
ranges using AA2024-T351 experimental data as compiled by Bao and Wierzbicki [14].
Their findings disclosed that conventional failure criteria, confined to stress triaxiality
considerations, falter in accurately forecasting experimental outcomes across an extended
triaxiality spectrum. In contrast, failure criteria that incorporate both stress triaxiality and
the Lode angle parameter have demonstrated superior predictive capabilities across a
comprehensive array of experimental conditions.

Compared to other failure criteria, the MMC failure criterion takes into account the
effects of both stress triaxiality and the Lode angle on failure, and is able to forecast metal
failure across a wider range of stress triaxialities and effectively simulate collision damage
to metal structures under complex stress conditions. Therefore, it is essential to undertake
the calibration of the MMC failure criterion and the mesh-size-based calibration and apply
these to the collision response analysis of the ship’s hull panel-frame structure.

The MMC fracture criterion was used by Talebi-Ghadikolaee et al. [15] to examine the
fracture behavior of an AA6061-T6 aluminum alloy sheet during U-shaped bending, while
Voormeeren et al. [16] talked about how to apply the MMC failure criterion based on a
single tensile test. The results of Zhu et al. [17]’s fine mesh simulation demonstrate that the
shear force predicted by the MMC failure criterion is essentially in agreement with the data
from the experiments.

In this study, to enable a more precise simulation of ship collision problems, a cal-
ibration was performed on the MMC failure criterion that accounts for stress triaxiality.
The criterion was embedded into the large-scale nonlinear finite element software Abaqus
via secondary development. Additionally, drop hammer tests on the hull panel-frame
structure using the MMC failure criterion were conducted, along with corresponding
simulations to investigate the deformation and damage mechanisms. By discussing the
impacts of different failure criteria and mesh sizes on the simulation results, the validation
of the MMC failure criterion’s superiority was confirmed following the adjustment for
mesh sensitivity. This provides a basis for the safety assessment of hull girder structures.

2. MMC Failure Criterion

The Mohr-Coulomb criterion [18] is a type of stress-based failure criterion that is
commonly used to evaluate failure in materials like rock, soil bodies, concrete, etc., that
either fail in the elastic stage or only undergo slight plastic deformations. The Mohr—
Coulomb criterion is expressed as follows in Equation (1):

max (T + clffn)f =0 @)
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Here, T and o, represent the shear stress and principal stresses on the fracture plane,
respectively. c¢; is the shear strength and c; is the friction coefficient, which describes
the relative weighting between the shear stress and normal stress. When c¢; = 0, the
Mohr-Coulomb criterion degenerates into the maximum shear stress criterion. Therefore,
the Mohr—Coulomb criterion can be viewed as an extension of the maximum shear stress
criterion, as it can simultaneously describe fracture behavior caused by both normal and
shear stresses.

Since any stress inside a material can be represented in the Cartesian coordinate system
(01,02, 03) formed by the three principal stresses, any stress can also be expressed in the
cylindrical coordinate system (G, 7,0) formed by the equivalent stress, stress triaxiality,
and Lode angle parameters. Bao and Wierzbicki [19] extended the application range of
the Mohr—Coulomb criterion by transforming Equation (1) into a function of (,7,0) and
proposed the MMC failure criterion for predicting ductile fracture in metallic materials. Its
original expression is shown in Equation (2):

Sl =y —10)] x {cg—i—%(ch—cg) (sec(%) —1)} -

N

6
‘T x[\/lgic%cos(gg) +C1(77+§sin(6”)>] ?
w12

where K and n are the hardening coefficients and hardening exponents, respectively, in
the hardening criteria, which can be obtained by fitting the true stress—strain curve from
uniaxial tension tests. ¢; and ¢, are material parameters in the original Mohr-Coulomb
criterion, which can be calibrated through a combination of experimental tests and nu-
merical simulations using optimization algorithms to determine the parameters of the
three-dimensional fracture surface, ¢y and c, . Parameter cf , ¢y is associated with the
asymmetry of the fracture surface. When the material follows the von Mises yield criterion
(i.e., isotropic hardening), c; = 0 and ¢ = ¢5 = 1, Equations (2) and (3) can be simplified
as follows:

e

>
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= & 3 cos G +c 17+351n 5 4)

In the plane stress state, there is a one-to-one correspondence between the Lode angle
parameter and stress triaxiality, as shown in Equation (5). By substituting Equation (5) into
Equation (4), which represents the fracture surface of the MMC failure criterion in (6, 77, %)
three-dimensional (3D) space, the fracture failure trajectory in (7, &) two-dimensional (2D)
space can be obtained and is displayed in Figure 1.
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Figure 1. Stress states in the dimension of (7,0).
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2.1. MMC Failure Criterion Parameter Fitting

In the parameter calibration process of the MMC failure criterion, Bai and Wierzbicki [11]
adopted the basic procedure proposed for determining the failure criterion parameters in

the (;7,5 f) two-dimensional space, and further applied it to the calibration of parameters

for the three-dimensional fracture surface in the (U,Ef, @) space. The specific steps are

as follows:

Firstly, material testing is performed on specimens under different stress states to ob-
tain their load—displacement curves. According to the setup of the experimental conditions,
corresponding finite element simulation simulations are carried out. Critical data, such as
the equivalent strain, stress triaxiality, and Lode angle parameters, are extracted from the
finite element model, and their evolution curves are plotted with respect to the equivalent
strain changes over the course of stress triaxiality and Lode angle parameters. Based on
these curves, the average stress triaxiality and average Lode angle or average Lode angle
parameters (where this study’s MMC fitting selects the average Lode angle parameter) are
calculated using Equation (6). The fracture strain, average stress triaxiality, and average
Lode angle parameters obtained from these calculations are then used to calibrate the
undetermined parameters within the fracture criterion.

=2 Jy n(@)de
L=1 fy LEeyde ©)
6= %fogf 0(¢)de

Yu [20] conducted experimental and simulation studies on the plastic and fracture
characteristics of marine high-strength steel under different stress states. Their tensile tests
primarily included tensile and shear stress states. The literature provides the average stress
triaxiality and average Lode angle parameters of the critical element at the failure location
of different specimens, along with the corresponding failure strain (see Table 1). This paper,
based on the data from the literature, employs MATLAB 2018b optimization tools to fit the
MMC failure criterion.

Table 1. Fracture strain under different stress triaxiality and Lode angle.

Sample Type Specimen Number Stress Triaxiality # Lode Angle (3 Failure Strain &
NRB6 0.443 1 1.091
Notched round bar NRB1.5 0.716 1 0.910
Crooved blate FGP12 0.593 0 0.905
p FGP1.8 0.765 0 0.830
NP20 0.446 0.614 1.018
Notched plate NP6.67 0.554 0213 0.973
Shear SH ~0.037 0.024 0.859

Generally speaking, the structural steel of a ship’s hull can be considered an isotropic
material. The MMC failure criterion can be simplified from Equations (2)-(4) based on the
von Mises criterion’s premises, where K and 7 reference the parameters of the Swift model
in the literature [20], which are K = 909.29 MPa, n = 0.1992. Equation (7) is obtained.
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1
/ — _ ~0.1992
g = 909.29 L C% cos o +c + 1sin or (7)
7\ ¢, 3 6 73 6

At this point, the MMC failure criterion only involves two undetermined parameters,
c1 and ¢p. Utilizing the data from Table 1 and the optimization tool Isqcurvefit in MATLAB,
the parameters ¢; and ¢, in Equation (7) are optimized to obtain the best-fitting 3D fracture
surface. The Isqcurvefit function in MATLAB requires an initial set of solutions c; and cy.
By substituting the data from specimens 4 and 5 into the aforementioned equation, initial
values of ¢c; = —0.0207 and ¢, = 278.23 MPa can be determined. Taking these values as the
initial solutions and applying the least squares error optimization, the final MMC failure
criterion parameters can be acquired. The MMC failure criterion parameters are then listed
in Table 2.

Table 2. Parameters in the MMC failure criterion.

K N c1 C2
909.29 MPa 0.1992 0.0420 301.47 MPa

The final derived MMC failure criterion is presented as Equation (8):

1
/ 2 Y a T 01992
! +30'042 cos<9:> +0.042 (174— §s1n<(967T>>] } 8)

_ Using the cftool utility in MATLAB, the aforementioned equation is plotted in the
(17,0,%) space as shown in Figure 2, where the red line represents the fracture trajectory

under the plane stress state.
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Figure 2. The MMC failure fracture surface of marine high-strength steel.

In ship collision simulation computations, where the finite element type employed
is a plane stress shell element, the relationship between the stress triaxiality and the Lode
angle parameter under plane stress conditions, as described in Equation (5), is substituted
into Equation (8). This yields the fracture trajectory for the MMC failure criterion under
plane stress conditions. The curve within the (7, &) space is depicted in Figure 3.
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Figure 3. MMC failure locus in (7, %) dimension.

It should be noted that the parameters for the MMC failure criterion obtained here are
based on solid elements with a size of 0.1 mm acquired through experimental-simulation
hybrid analysis. These parameters are not directly applicable to ship collision simulations
that employ shell elements. Consequently, a modification is necessary to adapt them for
use in the simulation analysis of ship structural collisions.

2.2. Mesh Size Sensitivity Correction of the MMC Failure Criterion

The MMC failure criterion is established based on solid elements [11]. When this
criterion is applied to shell elements, which operate under the assumption of plane stress
and thus neglect variations in stress across the thickness, it results in a heightened sensitivity
to the size of the shell element mesh. As the grid size of the shell elements is substantially
greater than the plate thickness, in conducting finite element failure simulations with
ductile metal plate materials using shell elements, scaling of the failure strain becomes
necessary when the dimensions of the shell elements surpass the necking length. This
scaling ensures that the necking phenomenon can be evenly distributed along the length
of the element, thus enabling a precise determination of structural failure. Due to the
necking, the failure strain of shell elements is significantly affected by the size of the
element. Consequently, for shell elements with disparate grid sizes, it is imperative to
adjust the failure strain accordingly to maintain the fidelity of the simulation.

Adjustments to failure criteria are commonly grounded on the results of uniaxial
tension tests. For instance, the critical equivalent plastic strain criterion as well as the RTCL
failure criterion can be scaled using the relation presented in Equation (9):

—

g =n+(en—n) )

Herein, ¢, represents the input value for fracture strain at the occurrence of t/I =1,
while 7 is the strain hardening exponent, indicative of the strain at the onset of necking
during uniaxial tension. The grid size sensitivity of the failure strain is attributed to the
necking phenomenon; given that the degree of necking varies under different stress states,
it can be surmised that any adjustments for grid size sensitivity of the failure strain should
also take into account the influence of the stress state (stress triaxiality).

This article adopts a correction method that considers both grid size sensitivity and
stress state. The crux lies in altering the fracture strain ¢,, in Equation (9), and the diffuse
necking condition 1 to become functions of the stress triaxiality 7. Utilizing ¢4 (1) to
substitute ¢, in Equation (9), the following formula can be obtained:

Lcal
Eeal

(1) = e () + (£ (1) — (1) ) (10)
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In this context, L., and t., represent the characteristic element size and the plate
thickness, respectively, used when calibrating the failure criterion parameters. For the
MMC failure criterion discussed in this paper, a solid element size of 0.1 mm is adopted
for calibration, and the plate specimen thickness used for parameter calibration is 2 mm.
Thus, it follows that L.,;; = 0.1 mm and t;; = 2 mm. By incorporating the stress-triaxiality-
dependent failure fracture trajectory, denoted by €y ¢, (n), and the Swift local necking curve,
denoted by gy (11), into Equation (10), one can obtain the failure trajectory ¢*(7) for t/L =1
shell elements, as depicted in Figure 4.

3.0

= b b
o1 (=} (S
L L L

—_
(=)
L

Equivalent plastic strain

. T
-0.8-2/3 0.4 0.0 0.4 2/30.8

Stress triaxiality

Figure 4. Calculate " (17) according to €4 (77)-

Subsequently, through the inversion of Equation (10), the failure strain function that
corresponds to any characteristic element length, denoted as &(L, t, 1), can be derived, as
demonstrated in Equation (11). With Equation (11), a series of the MMC failure criterion
curves associated with different t/L values can be obtained through interpolation, as
illustrated in Figure 5.

_ _ . _ t
er(L t,) = () + (" () — () ¢ (11)
0.8
—e— 2, (1) 4 (/[=1/2 8mm
! e /L=2/36mm = & (1)
s 1
g 0.69
2
3
L
= 0.4
5 _
<
>
5
o 4
0. 2
0. 0+——mm——
0. 8 0.4 0.0 0.4 0.8

Stress triaxiality

Figure 5. The MMC failure loci with different mesh sizes in (1, ;) dimension.
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It should be mentioned that the Swift necking curve typically exists in the (e, €2)
space. The expression of the load stress ratio, represented by the symbol « = 0,/ 07, can be
described as follows, assuming that it stays constant:

2(2—a) (1-a-+a?)

4—3x—3n02+4n
2(20—1) (1—a+a?) (12)
€2 = 3374

In order to convert Equation (12), which exists within the (g1, ¢3) space, to the curve
en(77) within the (1, €s) space as reflected in Equation (10) to Equation (11), the following
transformations, represented by Equations (13)—(15), need to be applied to Equation (12).

Under the condition of plane stress, the equivalent plastic strain can be expressed

as follows: )
E=—=\/1+Bp+p*-¢ 13

In the equation, § represents the strain ratio, defined by = €, /€. Based on the von
Mises criterion, there is a one-to-one correspondence between stress and strain under plane
stress conditions. Consequently, the strain ratio j3 is related to the stress ratio « as follows:

_2B+1

n= 312 (14)

Therefore, the stress triaxiality can also be obtained by calculating through the

strain ratio.
1 1+ 1+a

"= BV Vi-ai@

Based on Equatios (13)-(15), the Swift instability curve in the (g1, €2) space can be
transformed into a curve &y(7) in the (,%) space. Since the Swift curve corresponds
to a stress range between uniaxial tension and equi-biaxial tension (1/3 < < 2/3), to
facilitate scaling the MMC failure criterion throughout the entire range of plane stress
states, en(77) = n is selected within the (—2/3 < 5 < 1/3) range, resulting in Equation
(16). This is plotted in the (77, &) space as shown in Figure 5.

(15)

n —2/3<y<1/3

en(n) = {Swift necking curve 1/3 <7 <2/3 (1

2.3. The MMC Failure Criterion Embedding and Verification
2.3.1. Development of a VUMAT Subroutine

Abaqus, as a well-established general-purpose finite element software, offers 42 user
subroutine interfaces that allow users to customize material properties, boundary condi-
tions, special elements, and complex loads, as well as interfaces with other programs. The
material subroutines UMAT and VUMAT enable users to implement their own algorithms
and constitutive models of materials. In the domain of ship collision, the focus is often on
the deformation process and residual deformation of structures under external loads. Thus,
the implementation of the MMC failure criterion within finite element analysis is achieved
using the VUMAT subroutine [21].

2.3.2. Simulation of Standard Test Specimens

To confirm the updated MMC failure criterion, quasi-static uniaxial tensile tests are
designed and executed utilizing marine-grade high-strength steel, per the rules found in
Metallic materials—Tensile testing at high strain rates—Part 1: Elastic-bar-type systems
(GB\T 30069.1-2013). The tensile specimens and their dimensions are depicted in Figure 6.
To ensure the reliability of the test results, three identical specimens are fabricated and three
sets of material tensile tests are performed. To guarantee that the specimen is loaded under

11



J. Mar. Sci. Eng. 2024, 12, 805

quasi-static conditions, the test equipment’s tensile speed is controlled at 1.0 mm/min.
The load experienced by the specimen and the elongation during the tensile process are
recorded by the sensors integrated within the testing apparatus, enabling the acquisition of
the load—displacement curve.

B Ae | B 1
Ol =
L
L Total length of specimen 160 mm A Length of gauge section 20 mm
C Width of clamping section 28 mm W Width of gauge section 8 mm
B Length of clamping section 80 mm R fillet radius 10 mm
T Specimen thickness 3mm

Figure 6. Quasi-static tensile test specimen size diagram.

The load-displacement curves obtained from the experimental results were converted
into engineering stress—strain curves based on the effective cross-sectional dimensions of
the actual specimens, as shown in Figure 7a. The conversion of the engineering stress—
strain curves to true stress—strain was achieved by employing the composite relation curve
of weighted averages proposed by Ling [22], as depicted in Figure 7b. The resulting
parameters for the marine-grade high-strength steel are presented in Table 3.

800 1000
ing poi 800
6004 Breaking point
= —~
=9 s i
s & 600
2 400 - %
9 9]
a Z 400
200 )
i Spec%men 1 200 4
—— Specimen 2
--=-=- Specimen 3
0 T T T 0 : : :
0.0 0.1 0.2 0.3 0.4 0.0 0.1 0.2 03 0.4
Strain Strain
(a) engineering stress—strain curves (b) weighted average curve

Figure 7. Stress—strain curve for marine-grade high-strength steel.

Table 3. Marine-grade high-strength steel material parameters.

. Elastic Modulus .
];li;/i:g' E Poisson Ratio Ylellil/[rs);ress Failure Strain
Gpa
7850 210 0.3 470 0.28

For finite element simulation based on material testing, a finite element model is
established for the middle parallel section of the specimen. Due to size limitations of the
specimen, this part is discretized into finite element models of merely two mesh sizes,
controlling the central element dimensions straining in the tensile direction to be 3 mm and
4 mm, respectively. The finite element model is illustrated in Figure 8. Reference points
are established at the midpoints of both ends of the parallel section and are coupled to the
respective ends; one reference point is rigidly constrained while the other point is allowed
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to release displacement in the tensile direction only. The displacement loading rate and
mass scaling are maintained as consistent with the preceding section.

(a) (b)

Figure 8. Finite element model of parallel section of standard specimen: (a) 3 mm x 2.7 mm;

(b) 4 mm x 4 mm.

Due to the utilization of standard specimens, the engineering stress—strain curve can be
deduced from the load-displacement graph. In Figure 9, a comparison of the engineering
stress—strain curves for two different mesh sizes with the experimental data reveals a
good agreement, which suggests that the MMC failure criterion can accurately predict the
behavior of the standard tensile specimens addressed in this study.

800
600 \
£ :ﬁﬁ ==
g |
2400 ~
2 |
E=
12}
200 1 —gxp
—=— 3mm
] ——4mm
0 T T T
0.0 0.1 0.2 0.3 0.4

Strain

Figure 9. Comparison between experimental data and numerical force versus displacement curves.

3. Application of the MMC Failure Criterion in the Simulation of Ship Plate Frame
Structure Collisions

3.1. Experimental Setup

The collision impact tests were conducted on the 50 k] drop hammer impact testing
apparatus at Jiangsu University of Science and Technology. This apparatus consists of
counterweights, guide rails, an accelerometer, a hammer head, a buffer, displacement
sensors, and supports. The main frame of the test apparatus is 6.3 m high, with a wedge-
shaped hammer head width of 420 mm. The hammer head can be lifted to a maximum
height of 3.7 m, achieving a maximum impact speed of 8.5 m/s. The maximum mass of
the hammer head and counterweight system is 1350 kg, capable of generating a maximum
impact energy of approximately 50 k]J. An accelerometer is affixed to the hammer body
to calculate collision forces generated during the drop hammer test, while displacement
sensors located on both sides of the support record the positional changes of the hammer
body. The test apparatus and the wedge-shaped hammer head are depicted in Figure 10.
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Figure 10. Fifty-kilojoule drop-weight impact test apparatus with a wedge-shaped hammer diagram
(unit: mm).

3.2. Test Specimen Design

Based on the collision scenario depicted in Figure 11, which involves a little contact
between the bow and the plate frame, we constructed the experiment. The plate frame
specimens used in the experiments were fabricated from high-strength marine steel, with
dimensions as shown in Table 4. A flange, 30 mm in width, was retained around the
periphery of the specimen’s faceplate. The plate frame is inserted into the tooling through
the panel’s reserved flange, and the tooling is welded to the plate frame, dimensionally
corresponding to the actual object as depicted in Figure 12. The tooling is sufficiently
rigid to be considered a rigid body and is attached to the foundation. Furthermore, it is
important to minimize the heat effect of the plastic deformation of the structure during the
welding process. Additionally, the tooling position needs to be adjusted to guarantee that
the hammer head and the plate frame are centered. The high carbon chromium bearing
steel (GCr15) impact hammer head is wedge-shaped and attached to the hammer body
with a counterweight block to generate impact energy.

Figure 11. Diagrammatic representation of the crash site.

Table 4. The size of specimens (unit: mm).

Specimen Quilting Materlal Fallmg.Welght . Slab. Bone Size Bor}e Truss Size
Name Spacing Height Dimension Spacing
Plate frame 1000 2000 1560 x 1560 x 4 6#bulb flat 390 1 4x160
structure 5x80
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Figure 12. The dimension and picture of plate frame structure (Unit: mm).

3.3. Finite Element Model

Finite element models of the plate frame structure were constructed for drop hammer
impact, as shown in Figure 13a. Models comprised both the plate frame structure and the
impactor. Following the hammer head dimensions provided in Figure 14, a rigid hammer
head was created in the finite element simulation with a mass of 1350 kg. The mesh size for
the contact area between the hammer head and the panel was set to 4 mm, and the plate
frame structures model is depicted in Figure 13b. In the finite element software, a reference
point was added to the rigid hammer head, along with a mass of 1350 kg, and only the
degrees of freedom in the Uz direction were released.

(a) (b)

Figure 13. The finite element model of drop indenter impact scene. (a) Geometric model; (b) finite
element model.

(@) (b)

Figure 14. The geometry and finite element model of wedge indenter. (a) Geometric model; (b) finite
element model.

In simulation calculations, the boundary conditions of the plate frame model should
align as closely as possible with the actual experimental setup. The outer boundaries of
the plate frame are welded to the support structure and can be considered as rigidly fixed.
Therefore, the simulation involves applying fixed constraints to the external edges of the
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plate frame (Uy = Uy = U, = URx = URy = UR, = 0) [23]. The inner boundaries of the
plate frame are supported by the support structure; thus, the simulation restricts their
displacement in the vertical direction (U, = 0).

The material model for the metal plate frame is the same as described in Section 2.3.2,
which is marine-grade high-strength steel. To account for the material’s strain rate effects,
the Cowper-Symonds (C-S) model is employed to describe its strain rate effect. This model
is characterized by its applicability within the medium to low strain rate range and is widely
used in ship collision simulation calculations. The expression for the Cowper-Symonds

model is as follows: :

N1
04 s
=1+ <D> (17)

The dynamic yield stress is denoted by ¢, while 5 represents the static yield stress,
which can be obtained through uniaxial tensile tests. £ denotes the equivalent plastic strain
rate, and D and g are the Cowper-Symonds (C-S) constants, obtainable through fitting
with dynamic testing data. For marine-grade high-strength steel, high-speed tensile tests at
various strain rates were performed, resulting in material engineering stress—strain curves
at different strain rates as shown in Figure 15. It can be observed that, with increasing strain
rates, the flow stress of the marine structural steel continuously increases; furthermore,
the toughness of this type of marine structural steel also increases with strain rate, a
characteristic that significantly differs from low-carbon steels. The yield stresses from
high-speed tensile tests at different strain rates were extracted as presented in Table 5.
Fitting these data with the C-S constitutive model, values of D = 678,000 and g = 5.261 are
obtained, as illustrated in Figure 16. The parameters for the marine-grade high-strength
steel material are presented in Table 6.
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Figure 15. Strain—stress curves at different strain rates.

Table 5. Dynamic and static mechanic behavior of marine high-strength steel.

strain rate /s 0.001 0.01 0.1 1 10 50 200 300

yield stress/MPa 489 501 516 540 541 561 592 608

Table 6. Marine-grade high-strength steel material parameters.

Density Elastic Modulus E Poisson Yield Stress  Failure
pkg/m?® Gpa Ratio Mpa Strain 1

7850 210 0.3 470 0.28 678,000 5.261
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Figure 16. Cowper—Symonds model fitted by dynamic tensile data.

The contact type between the plate frame and hammer head is designated as “general
contact”, with the contact properties’ normal behavior set as “hard contact” and tangential
behavior chosen as “penalty”, with a friction coefficient of 0.3 as per reference [24].

3.4. Comparison of Simulation and Test Results
3.4.1. Damage Deformation

Figure 17 presents the results of the plate frame experiments under drop-weight
impact loading compared to the damage contour maps computed using the MMC failure
criterion. It is observable that panel indentation occurred around the impact area; due to the
support provided by the stiffeners, the indented area was confined within the boundaries
framed by the stringers and the web members, resulting in an elliptical indentation whose
major axis aligns with the direction of the wedge-shaped head’s length. The deformation
of the panels on either side of the impact mid-region was less significant, a phenomenon
attributed to the initial shear failure at the panel edges beside the wedge-shaped impactor,
which inhibited the efficient transmission of subsequent impact energies outward. The
structure and load are symmetrical with respect to the longitudinal axis, but the response is
not symmetrical, and this phenomenon occurs because the shape of the spherical flat steel
in the plate frame is asymmetrical, so the resulting response is also asymmetrical.

S, Mises
SNEG, (fraction = -1.0)
(Avg: 75%
+7.200e+08
+6.600e+08
- +6.000e+08
+5.400e+08

Figure 17. Contour of von Mises stress of plate frame under drop hammer collision condition.
(a) Overall damage image; (b) overall contour of von Mises stress; (c) localized damage image;
(d) localized contour of von Mises stress.
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From the perspective of the damage state, the drop-weight impact loading tests
revealed a “crescent-shaped” rupture in the plate frame structure, which showed good
correspondence with the simulation results. Further analysis of the collision history contour
maps, as indicated in Figure 18, reveals that the initial impact led to straight shear fracture,
and the geometric continuity disruption at the fracture caused the load-bearing state of the
structure at the rupture to evolve from a vertical shear to a coupled tearing of shear and
in-plane tension. As a result, the fracture direction shifted from a parallel cut relative to the
edge of the wedge head to a more obliquely oriented incision toward the direction of the
wedge head’s length. With progressive deepening of the fracture, shear effects diminished
while tensile effects increased, indicating a gradual inclination of the rupture direction
toward the wedge head’s longitudinal direction.

B S S

Figure 18. Damage deformation process of plate frame.

The measurement of plastic strain is conducted using the measure points indicated in
Figure 19, and the overall deformation trend of the experiment and the three calculation
methods is compared. It is evident that the trend of the MMC failure criterion is more
similar to the experiment than the other two, and that the overall deformation trend of the
three calculation methods is similar to the experimental results.
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Figure 19. The positions of measuring points (unit: mm).

18



J. Mar. Sci. Eng. 2024, 12, 805

3.4.2. Force-Time Curve of Collision

The impact force-time curve obtained from the simulation using the MMC failure
criterion is illustrated in Figure 20. It is evident that the simulated impact force—-time
curve aligns well with the experimental results, demonstrating a consistent overall trend.
The simulation accurately predicts the early stage of the experimental curve’s impact
force-time profile; however, some discrepancies are present during the middle and later
stages. Concerning the peak impact force encountered during the collision, experimental
measurements record a peak value of 0.547 mega-newtons (MN). In contrast, simulation-
derived data present a slightly higher peak at 0.5854 MN. This indicates a deviation of
7.02% from the experimentally determined figure. Notwithstanding this difference, the
margin of error falls within an acceptable range for such simulations in marine collision
analysis [23,25], substantiating the simulation’s overall validity and precision. However, it
was observed that the simulated impact duration exceeded the experimental impact time,
which may be attributed to the fact that the boundary conditions of the specimen in the
experiment are not ideally rigidly fixed.
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Figure 20. The force-time curve calculated by revised MMC failure criterion.

4. Discussion

The foregoing discussion detailed the calibration of the MMC metal failure criterion,
which demonstrated favorable outcomes when applied to material experiments as well
as drop-weight impact test simulations. Building upon this, simulation studies were
conducted on plate frame structure collision scenarios under various failure criteria and
mesh sizes to further ascertain the robustness of the MMC failure criterion.

4.1. Common Fracture Failure Criteria in Ship Collision Simulation

Over the past few decades, with the widespread application of the finite element
method (FEM) in the field of ship collisions, the failure criteria used in ship collision
simulations have become a hot topic of interest among researchers internationally and have
seen significant developments. To further verify the accuracy of the MMC failure criterion,
two commonly applied criteria in ship collision simulations were selected for comparative
analysis: the equivalent plastic strain (EPS) criterion and the RTCL failure criterion.

4.1.1. Equivalent Plastic Strain Criterion

The critical equivalent plastic strain criterion, also known as the constant plastic
strain criterion, defines that material undergoes localized fracturing when the value of the
equivalent plastic strain reaches a critical level, as shown in Equation (18):

E= g\/(sl —e2)’ 4 (e2—3)° + (3 —€1)” =€ 18
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In the formula, € represents the equivalent plastic strain, while €1, €3, €3 signify the first,
second, and third principal strains, respectively. £, denotes the critical equivalent plastic
strain. This critical value is often referred to as the maximum plastic strain or critical strain,
and it is typically determined through uniaxial tensile tests. However, this failure criterion
overlooks the influence of stress states on material failure. For instance, it assumes that
materials can fracture under pure compression, which contradicts empirical experimental
phenomena. Since the failure strain of this criterion is derived from uniaxial tensile testing,
it is sensitive to mesh size. Therefore, when simulating with this failure criterion, it is
important to scale the failure strain according to the actual mesh size used.

4.1.2. RTCL Failure Criterion

Rice and Tracey [26], building upon the foundation of micromechanics of damage,
have derived an expression for the Rice-Tracey ductile failure criterion by studying the
growth behavior of internal defects in materials (such as spherical voids) under loading.
The expression for the Rice-Tracey criterion is presented in Equation (19). This criterion is
capable of accurately predicting the growth of voids and is applicable over a wide range
of triaxialities.

D = /:f exp(1.57)de (19)

Subsequently, Cockcroft and Latham [27] proposed a failure criterion based on the
equivalent plastic strain corrected for the maximum principal stress, as shown in Equation (20).
The Cockcroft-Latham criterion exhibits good predictive capabilities for ductile shear
failure within a low range of stress triaxiality.

.Ef
D= / oy de 20)
JO

Tornqvist [5], by integrating the Rice-Tracey and Cockcroft-Latham criteria along
with a cutoff value where fracture failure does not occur, introduced the RTCL criterion
suitable for a broader range of stress states, as presented in Equations (21) and (22):

0
D:l/Sf LdeP -
0

exp<3”—2_1)dgp n > %

2425122712 )
34 /12 =272

In the formula, D represents the damage factor, which leads to the elimination of
the element when D = 1 reaches a critical value. €’ denotes the equivalent plastic strain,
11 is the stress triaxiality, and €y signifies the fracture strain that also serves as the sole
input parameter for the RTCL failure criterion. This parameter can be determined through
uniaxial tensile testing. The RTCL criterion is relatively sensitive to mesh size. Therefore, it
is essential to scale the failure strain obtained under uniaxial tensile conditions to reduce
its mesh size sensitivity. The fracture scaling law is expressed as shown in Equation (23):

W =

[N\ wi—
W=

<
<7 (21)

SIS

ef :er+(€n—sr)% (23)

Within this context, ¢, corresponds to the strain at which material diffuse necking
occurs, and ¢, is the fracture strain under uniaxial tensile conditions when t,/l, = 1.
Here, t, represents the element thickness, and I, denotes the element size. By combining
Equations (22) and (23), one can derive the RTCL failure criterion, which is related to mesh
size and stress triaxiality.
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4.2. Comparative Analysis of Impact Responses of Stiffened Panels under Drop-Weight Collisions
Using Different Failure Criteria

The stress damage contour plots obtained using the two failure criteria were compared
with the damage photos from the plate frame test, as shown in Figures 21 and 22. It is
observable that the stress levels and distributions calculated by the three failure criteria are
relatively consistent. Among these, the failure criteria that take into account the state of
stress, such as RTCL and MMC, are capable of accurately predicting the “crescent-shaped”
rupture in the plate frame panels. In contrast, the EPS failure criterion, due to its lack of
consideration for the relationship between the failure strain of elements and the state of
stress, can only predict the shear rupture at the initial contact between the wedge-shaped
hammer head and the panel. It is completely unable to foresee the damage propagation at
both ends of the initial rupture.
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Global damage pattern from the experiment. EPS

s, Mises S, Mises

SNEG, (fraction = -1.0) SNEG, (fraction = -

(Avg: 75%) (Ava: 75%)
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Figure 21. Damage prediction of different failure criteria for drop hammer collision conditions
(overall).
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Localized damage map from the experiment. EPS

RTCL MMC

Figure 22. Damage prediction of different failure criteria for drop hammer collision conditions (local).

The simulation results for the EPS, RTCL, and MMC failure criterion were compared
with experimental data, as shown in Figure 23. Since all other settings are consistent across
the simulations except for the failure criteria, it is observed that the three simulation curves
for each data set coincide completely during the initial phase of the collision. It is only
when element failure occurs that the EPS and RTCL curves begin to diverge from the MMC
curve. The peak collision force and the termination time of the collision force indicates that
the MMC failure criterion provides a closer prediction of the collision force-time curve
compared to the experimental results. This demonstrates the effectiveness of the MMC
failure criterion.
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Figure 23. The force-time curve calculated by different failure criteria.

A comparative analysis of collision force peaks obtained from simulations using
EPS, RTCL, and the modified MMC failure criterion against experimental peak values is
presented in Table 7. It can be observed that the peak collision force error for the MMC
failure criterion is 7.02%; for the RTCL failure criterion, it is 9.76%; and, for the EPS failure
criterion, it is 17.48%. A comparative analysis of collision energy obtained from simulations
using EPS, RTCL, and the modified MMC failure criterion against experimental collision
energy values is presented in Table 8. It can be observed that the collision energy error for
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the MMC failure criterion is 0.02%; for the RTCL failure criterion, it is 0.20%; and, for the
EPS failure criterion, it is 2.11%. The simulation results utilizing the MMC failure criterion
demonstrate smaller errors compared to those using the EPS and the RTCL failure criteria,
further substantiating the effectiveness and superiority of the MMC failure criterion.

Table 7. Comparison of simulation collision force peak with experimental data.

Failure Criterion Collision Force Peak (MN) Error (%)
EXP 0.547 0
MMC 0.5854 7.02
RTCL 0.6004 9.76
EPS 0.6426 17.48

Table 8. Comparison of simulation collision energy with experimental data.

Failure Criterion Collision Energy (KJ) Error (%)
EXP 22.51 0
MMC 22.51 0.02
RTCL 22.46 0.20
EPS 22.03 211

4.3. Mesh Size Sensitivity Study of the MMC Failure Criterion

To validate the accuracy of the mesh sensitivity correction for the MMC failure crite-
rion, a mesh size sensitivity analysis was conducted for the simulation of stiffened plate
collisions. Given that the purpose of this work is to examine a small breach in the event of a
minor ship accident and that a bigger mesh size is not suitable for accurately characterizing
a smaller breach, the original geometric model was discretized into meshes of 4 mm, 6 mm,
and 8 mm sizes, and finite element calculations were performed using the MMC failure
criterion with corrected mesh sensitivity. The results of the mesh discretization are shown

in Figure 24.

(c)

Figure 24. Finite element models of stiffened panels with different mesh sizes. (a) Mesh feature
length of 4 mm; (b) mesh feature length of 6 mm; (c) mesh feature length of 8 mm.
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The simulated results of the panel frame collision under different mesh sizes are
depicted in Figures 25 and 26. It is observable that the overall deformation patterns of the
panel frame are essentially consistent across the three mesh sizes, with the central impact
area exhibiting a downward dent, and the large deformation zones of the panel being
constrained by the stiffeners. The distribution of stress is largely uniform, with high-stress
regions concentrated around the hammer impact tearing location. The morphology of the
panel breaches is broadly similar, with each mesh size capable of replicating the initial
shear breaches at both ends caused by the wedge-shaped hammer head. However, due
to the influence of mesh size, although the 6 mm and 8 mm meshes can also simulate the
subsequent tearing breaches, the experimentally observed breaches exhibit a “crescent”
shape with elongated ends, which the coarser mesh sizes fail to accurately represent
regarding the directional propagation of the tears. Therefore, employing a 4 mm mesh size
can more accurately simulate the deformation and damage of the panel frame under the
hammer impact conditions.

s, Mises
SNEG, (fraction = -1.0)
(Avg: 75%)

+0.0002+00

(b)
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?Aqviq,;;:iguun =-10) SNEG, (fraction = -
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+0.0002+00

(c) (d)

Figure 25. The overall contour of von Mises stress of different mesh size models under drop hammer
collision conditions. (a) Test damage diagram; (b) 4 mm finite element model; (c) 6 mm finite element
model; (d) 8 mm finite element model.
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(d)

Figure 26. Local contour of von Mises stress of different mesh size models under drop hammer

collision condition. (a) Test damage diagram; (b) 4 mm finite element model; (c) 6 mm finite element
model; (d) 8 mm finite element model.

A comparison of the collision force curves under different mesh sizes with experimen-
tal results is shown in Figure 27. It can be observed that, in the early stage of the curves,
before any damage to the panel frame occurs, the collision force-time curves for different
mesh sizes are in good agreement. After the onset of damage, the three curves exhibit some
differences, but, overall, they are closely aligned. It can be concluded that the finite element
results for various mesh sizes are convergent. This outcome substantiates the effectiveness
of the mesh size sensitivity correction applied to the MMC failure criterion.
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Figure 27. The force-time curve corresponding to different mesh models.

5. Conclusions

This study uses simulations and tests to calibrate and apply the MMC failure criterion
to the crashworthiness of hull plate structures. The ship collision simulation’s issue with
the input of metal materials has been resolved, where a typical plate frame structure is
selected for collision analysis based on the collision mode of minor collisions of ships,
calibrating the MMC failure criterion for marine high-strength steel and furthering this by
implementing a mesh sensitivity correction that considers the stress state. Through panel
frame drop hammer impact experiments and tensile test simulations, the superiority of the
modified MMC failure criterion was confirmed. This establishes a theoretical foundation
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for the safety design and assessment of hull beam structures going forward. The main
conclusions are as follows:

(1) Utilizing MATLAB optimization tools, the three-dimensional fracture surface and
two-dimensional fracture trajectory of the MMC failure criterion were fitted, and a mesh
size sensitivity correction considering the influence of stress states was conducted. By
including the MMC failure criterion into the Abaqus VUMAT subroutine and contrasting
the outcomes of the simulation and experiment, the validity of the modified MMC failure
criterion was confirmed.

(2) Simulations using the MMC failure criterion were carried out for the drop hammer
collision test on the stiffened plate of ship structures, where the damage response mode
under impact from a wedge-shaped head was studied, and the deformation mechanism
was analyzed. A comparison between experimental and simulated damage deformation
states and collision force-time curves verified the reliability of the MMC failure criterion.

(3) Simulations of the panel frame structure of a ship subjected to drop hammer
collision were conducted using different failure criteria. The damage deformation contour
plots and collision force curves were compared, indicating that the stress-state-aware failure
criterion could more accurately simulate the deformation pattern of the breaches. Taking
into account both the breach and the collision force-time curves, the MMC failure criterion
showed a closer agreement with experimental results compared to the other two criteria.

(4) A mesh size sensitivity analysis utilizing the modified MMC failure criterion was
performed. While damage states differed under various mesh sizes, the collision force-time
curves were largely consistent, and the simulation results converged. This confirms the
reliability of the correction method described in this paper.

(5) Under the experimental and simulation conditions, the MMC failure criterion in
this study agrees well with the experiment; however, it is unclear how changing other
parameters, like plate thickness and hammer shape, will impact the performance of various
fracture standards. Future research may take this area of study as its direction.

The MMC failure criterion simulation and test conducted in this study serve as a
guide for ship structure safety. A typical unit structure in ships is the stiffened plate, whose
damage can serve as a model for actual ship damage in complicated collision scenarios and
offer recommendations for the crashworthiness of ship designs. This work does not provide
a comprehensive picture of the effect of the reinforced plate because it only discusses one
type of plate thickness, hammer head, impact speed, impact strength, and other instances.
Further tests testing various combinations of plate thickness, hammer head, impact velocity,
and impact strength are necessary to have a complete understanding of the behavior of
reinforcing plates.
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Abstract: In polar ship hull structural designs, methods based on regulations are considered the most
authoritative; however, they tend to be conservative and often exhibit a notable degree of redundancy.
This study aims to evaluate the applicability of the empirical formula for ice load assessments by
conducting a series of quasi-static indentation tests on scaled hull plates under laboratory-made ice
blocks of different scales. The obtained data include ice loads, structural responses, and characteristics
of ice pressure distribution. A detailed comparison of various formulas is provided, along with an
examination of their differences and errors in comparison to experimental results. The objective of
this paper is to offer technical support for ice load forecasting and assessment.

Keywords: ice load; quasi-static compression tests; scaled ship hull panels; empirical formulas

1. Introduction

The exploration and utilization of polar regions have attracted significant global
attention, particularly due to the abundant fossil energy resources found in the Arctic
region. Polar vessels inevitably encounter the impact of ice loads during navigation in icy
regions, which involves a complex interaction process. It is widely acknowledged that the
magnitude of ice loads depends on various factors such as the mechanical characteristics
of the ice, the interaction mode between ice and structures, the geometric shape and
dimensions of structures, the thickness and speed of ice blocks, and the failure mode of ice.
Regarding the interaction mode between structures and ice, ice loads primarily result from
processes involving compression, bending, and fracturing damage to ice floes, level ice,
or icebergs. Notably, the compressive load imposed by ice is particularly significant and
requires focused attention when assessing ship structure stability and safety.

The investigation of ice loads on bridges, piles, and structures has received consider-
able attention from scholars. Empirically based methods for assessing ice loads offer the
advantages of convenience and efficiency. A widely accepted classical empirical formula
was proposed by Korzhavin [1], who conducted extensive research on the characteris-
tics of river ice loads based on measurements of dynamic and static pressures in Siberia.
Similarly, Croasdale, Michel, Frederking, and other researchers employed similar on-site
or experimental measurement methods [2—4], with variations in the types of ice studied,
such as lake ice and freshwater ice. Currently, several classification societies and standard
organizations, including Bureau Veritas (BV) [5] and the International Organization for
Standardization (ISO) [6] recommend using empirically based methods for assessing ice
loads. As methodologies continue to expand and improve, there is an active pursuit of
organizational initiatives [7]. Masterson and Tibbo [8] conducted a comparative analysis of
the different assumptions used in calculating ice loads based on measured data from Timco
and Croasdale [9]. Kellner [10] provided a comprehensive review of current code-based
methods for predicting ice loads. Barker [11] conducted experimental investigations on the
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structural ice loads during the interaction between sea ice and cone structures. To this end,
they employed seven model structures and analyzed the influence of ice speed, thickness,
structural form, and stiffness on the ice loads acting on the models. Based on observing
the process of ice breaking and the accumulation of broken ice, Li [12] measured the load
and the size of broken ice and analyzed the influence of ship speed and ice thickness
on the formation and accumulation of broken ice. Zong [13] used polypropylene wax to
simulate floating ice and analyzed the characteristics of sea ice. With advancements in
simulation technology, finite element calculations are increasingly being used for predicting
and assessing ice loads, which serve as effective means for code-based verification [14-16].
Truong [17] proposed an ice pressure estimation method based on the numerical simulation
stress response data influence coefficient method (ICM) and compared the estimated local
ice pressure with the simulation results. The results show that the results are in good
agreement under single dynamic loading cases, and the results are slightly deviated under
dynamic loading combination cases. Based on the extended finite element method, Xu [18]
verified the ice load obtained by the numerical simulation of the collision between ice and
a rigid ship with the field test data. The results show that the numerical method is in good
agreement with the ice load data obtained by the test. Zheng [19] used the ship—ice-water
SPH method to analyze the predicted ice-breaking resistance under different conditions.
The results show that the ice resistance is positively correlated with the bending strength
and ice thickness, and the latter is the most important factor affecting the ice resistance. In
summary, achieving a cohesive theoretical framework remains challenging when anticipat-
ing ice loads. Further research efforts require a stronger foundation of experimental data
that aligns with the primary objective of this work.

The present study provides an introduction to the prevailing methodologies for static
ice load prediction based on codes and empirical formulas. Additionally, quasi-static
loading tests were conducted to investigate the interaction between local ship structures
and the ice. This study compares the magnitude and variations of ice loads obtained
from experimental measurements with theoretical calculations, thereby evaluating the
efficacy and applicability of empirical methods for estimating ice loads. The purpose of
this paper is to obtain a fast prediction method for ice load on flat structures under static
ice extrusion. The relevant research results have positive significance for polar structural
safety assessment and ice load prediction.

2. Quasi-Static Compression Experiments on Ice-Structure Interaction
2.1. Uniaxial Compression and Three-Point Bending Tests of Ice Specimens

The ice samples used in this study are polycrystalline ice made in the laboratory.
This involved a process of freezing size-controlled crushed ice and degassed water. The
requisite protocol for preparing these samples included an initial freezing phase in a con-
trolled environment at —20 °C for 48 h, followed by a subsequent storage period exceeding
two days in a defrost freezer before their utilization in the experiments. Compression and
three-point bending tests (Support Span 60 mm) were conducted to acquire fundamental
material parameters. The design of specimen dimensions adhered to the guidelines recom-
mended by the International Association for Hydro-Environment Engineering and Research
(IAHR) [20]. The compression specimens were sized at 70 mm x 70 mm X 175 mm, while
the bending specimens measured 75 mm x 75 mm x 700 mm. The setup for these tests is
illustrated in Figure 1.

During the tests, data on load and actuator displacement were recorded, and the me-
chanical parameters were computed accordingly, as illustrated in Figure 2. The calculated
bending and compression strengths of the ice samples are presented in Tables 1 and 2. The
mechanical properties assessment, as well as the subsequent quasi-static extrusion test of
the structure—ice interface, were conducted under controlled laboratory conditions, with
an ambient temperature of 25 °C, and the installation preparation time was 3 min. The
loading speed was set at 1 mm/s.
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(a) Compression tests (b) bending tests

Figure 1. Compression and bending test setup for ice specimens.
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Figure 2. Load—displacement curve of the ice sample compression and bending tests.

Table 1. Calculated compressive strength of ice samples.

Test Number Ambient Temperature (°C) Compressive Strength (MPa) Mean Compressive Strength (MPa)
No.1 25 1.86
No.2 25 2.37
No.3 25 1.65
No.4 25 3.19 220
No.5 25 2.35
No.6 25 1.77

Table 2. Calculated bending strength of ice samples.

Test Number Ambient Temperature (°C) Bending Strength (MPa) Mean Bending Strength (MPa)
No.1 25 1.59
No.2 25 1.93
No.3 25 1.96
No.4 25 1.69 1.66
No.5 25 1.71
No.6 25 1.02
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The compression and bending strengths of the ice samples obtained by freezing
crushed ice were found to be within the range of typical strength values for natural existing
ice (typically, 0.5 MPa~5 MPa for uniaxial compressive strength and 1 MPa~2 MPa for
bending strength) [21]. Moreover, it is evident that the experimental results demonstrate
good stability. As shown in Figure 2, the results of six compression tests of ice show similar
brittle failure. The load—displacement curves show a multi-peak shape. The six bending
tests of the ice body are also brittle failures, and the fracture position is slightly different.
The load peaks and curves of compression and bending tests show certain differences
because the ice samples prepared in the laboratory cannot be standardized. It should be
noted that the variability observed in bending test No. 6 can be attributed to inherent
defects in the test specimen itself.

2.2. The Experimental Setup and Its Implementation

The primary objective of the model test is to investigate the underlying mechanism
during the ice-breaking process and evaluate methodologies for calculating ice loads. The
stiffened panel, as illustrated in Figure 3, utilized in the experiments was scaled down
from a specific ship’s partial structure, with its design dimensions depicted in Figure 3a.
Comprising panels, reinforcing members, and girders are all constructed from mild steel
(Q235), and the stiffened panel consists of three distinct types of components.
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(a) Design dimensions (b) Photograph of the stiffened panel

Figure 3. The stiffened panel was used in the experiment.

In the experimental setup, the ice block specimens are classified into three distinct
types based on their respective contact areas: specifically, 300 mm x 75 mm, 300 mm x 150 mm,
and 300 mm x 225 mm. All of the ice block specimens have a height of 600 mm, a top-end
width of 300 mm, and a thickness of 300 mm, as depicted in Figure 4.

The quasi-static compression tests were performed using a 10-ton electro-hydraulic
servo system, as illustrated in Figure 5a. A set of meticulously designed fixtures was
developed and utilized in the experiments, as depicted in Figure 5b. The connecting joint
acts as an intermediary between the ice block and the actuator. The upper section of the
joint is securely fastened to the actuator using bolts, while the lower section is integrated
with the ice block through freezing with hemp ropes. The stiffened panel is bolted to the
support fixtures, which are specifically designed to provide ample rigidity, ensuring that
there is no deformation within the frame’s boundaries. It should be noted that during
the experiment, the longer side of the ice block’s lower part was aligned parallel to the
direction of the stiffeners, while its shorter side was perpendicular to them. The actuator’s
speed was set at 1 mm/s, and load and displacement data were systematically recorded
throughout each process. Three replicated experiments have been conducted for each type
of ice block.
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Figure 4. The ice block specimens were used in the experiment.
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Figure 5. Test loading system.

2.3. Experimental Results
2.3.1. Analysis of Ice Failure Mode

The quasi-static compressive experiment in Figure 6 presents an image sequence
depicting the interaction process between the ice block and stiffened panel with varying
contact sizes. It is evident that regardless of the contact size, significant cracking consistently
occurs at the middle stiffener of the panel (indicated by red arrows) due to the enhanced
strength at these locations, rendering the ice block incapable of sustaining applied shear
loads. When subjected to contact sizes of 300 mm x 75 mm and 300 mm x 150 mm, spalling
occurs as a result of major cracking damage in the ice; however, a substantial load-bearing
capacity is maintained by the remaining ice block. In contrast, when using a contact surface
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size of 300 mm x 225 mm, direct crushing of the ice takes place, leading to destruction
characterized by pronounced shattering.

300 mm x 75 mm

=L

(c) Contact size of 300 mm x 225 mm
Figure 6. Ice destruction process with different contact sizes.

2.3.2. Structural Deformation

No significant or easily observable plastic deformation was observed in the stiffened
panel in all test cases. Only when the contact area is relatively large does a minor indentation
deformation occur, as depicted in Figure 7. The maximum deformation measured was
approximately 6 mm. Due to the presence of a middle stiffener, the deformation is evenly
distributed on both sides of it and remains within a relatively narrow range. Based
on photographic evidence from the experimental procedure, it can be inferred that the
panel’s deformation primarily stems from residual ice blockage following major cracking.
This observation suggests that even after fracture, the ice block retains considerable load-
bearing capacity.

Figure 7. Deformation of the stiffened panel (contact area: 300 mm x 225 mm).
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2.3.3. Load-Displacement Data during the Test Process

Figure 8 presents the load—displacement curves under different contact sizes. It can be
observed that during the compression process, the load curves exhibit characteristics of slow
loading and rapid unloading in all cases. The load—displacement curve changes effectively
reflect the ice block’s failure process. When the contact size is 300 mm x 75 mm, the load
curve exhibits typical non-linear characteristics with multiple peaks. The maximum peak load
of the first peak load can reach 29.04 KN, and the minimum is 18.83 KN. The failure process
of the ice in the three repeated tests reflects the random destructiveness of the ice, and similar
load variation characteristics are observed. The first peak values are 20.72 KN, 18.83 KN,
and 29.04 KN, respectively. In addition, it can be clearly seen that the maximum peak load
in the test is significantly greater than the first peak (45.79 KN, 29.63 KN, and 61.61 KN),
indicating that the bearing capacity of residual ice is indeed great. When the contact size
is 300 mm x 150 mm, the peak number is significantly reduced, the displacement value is
significantly reduced, and the uniformity is stable at about 20 mm, and the repeated test
load characteristics also reflect similarity. The maximum peak loads recorded were 45.20 KN,
46.46 KN, and 30.17 KN, respectively. When the contact size is 300 mm x 225 mm, the
load-displacement curve exhibits only a single peak, with the peak values being 84.54 KN,
189.47 KN, and 171.6 KN, respectively. This result stems from the fact that the contact area
between the stiffened plates and the ice bodies of this series is the greatest compared to the
other two series. Furthermore, following the vertical cracking failure of the ice body at the rib,
no ice body suffered a fracture or detachment during the subsequent loading process. The ice
body continued to withstand loading until it surpassed its maximal bearing capacity, at which
point it fractured and ceased contact with the plate. Under this condition, the ice body shows
brittle failure. The reason for the smaller load in the first test is still due to the sliding of the
smaller ice blocks after cracking, as shown in Figure 8(c3).
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Point A and point B represent the pressure values corresponding to the first peak load
and the maximum peak load moment, respectively. These values are calculated by the
moment load and the initial contact area, as shown in Figure 8. It is worth noting that
when the contact area is 300 mm x 225 mm and the load curve only shows one peak, the
first peak load value is equal to the maximum load value. Further, Table 3 records the
pressure data under different working conditions in detail. Through the analysis of these
data, we can observe that the overall trend of the pressure value increases with an increase
in the contact area. However, there is an interesting phenomenon that when the contact
area is 300 mm x 150 mm, the corresponding pressure value is lower than that when the
contact area is 300 mm x 75 mm. After in-depth analysis, we found that this is mainly
because during the test, the first peak load and the maximum load measured when the
contact area is 300 mm x 150 mm are almost the same as those when the contact area is
300 mm x 75 mm. However, because the contact area of the former is twice that of the
latter, this abnormal pressure value occurs.

Table 3. Load and pressure values under different sizes.

Case Number First Peak Load (KN) First Peak Pressure (MKN) Maximum Load (KN) Maximur&};a}\% Pressure

300 mm x 75 mm-NO.1 20.72 0.92 45.79 2.06
300 mm x 75 mm-NO.2 18.83 0.84 29.63 1.40
300 mm X 75 mm-NO.3 29.04 1.20 29.04 2.70
300 mm x 150 mm-NO.1 31.68 0.70 45.20 1.00
300 mm x 150 mm-NO.2 40.97 0.91 46.46 1.03
300 mm x 150 mm-NO.3 30.17 0.67 30.94 0.69
300 mm x 225 mm-NO.1 84.54 1.25 84.54 -

300 mm x 225 mm-NO.2 190.45 2.85 190.45 -

300 mm x 225 mm-NO.3 171.60 2.54 171.60 -

The first peak load along with the maximum load values under different cases are
summarized in Table 3. It is observed that the maximum load values demonstrate a
nonlinear positive correlation with the contact area. Additionally, it should be noted that,
for some of the working conditions, the initial peak load is identical to the maximum
peak load.

3. Static Ice Load Calculation Method

Currently, ice load calculation standards have been implemented in countries such
as the United States and Canada, with numerous scholars developing their empirical
formulas based on experimental findings. It is important to note that, for the safety of
Arctic navigation, a significant portion of ice load research primarily focuses on sea ice
phenomena like icebergs and level ice. However, countries with extensive inland regions
and cold climates, such as the former Soviet Union, also attach great importance to studying
ice loads in inland rivers. Nevertheless, the fundamental principle of calculating ice loads
remains straightforward, that is, as follows:

F = 0max A 1)

Herein, F, 0max, and A respective variables represent the calculated ice force, the
compressive strength of the ice, and the area of mutual contact. This formula holds
for static conditions with a flat contact surface and the absence of friction. However,
considering practical application scenarios, it becomes imperative to take into account
factors such as the projected area component on the vertical cross-section of the contact
surface and parameters related to slippage. Consequently, a revision is necessary to develop
an empirical calculation method. Currently, there are various empirical formulas available
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for calculating static ice force, which can be broadly classified into categories based on
linear functions and those founded on exponential functions.

3.1. The Method of Predicting Static Ice Loads Based on Linear Formulas

The magnitude of ice loads is influenced by multiple factors, and the empirical formu-
las are typically characterized by the quantitative representation of various parameters. In
their initial stages, these formulas were commonly linear, with both single and multiple
coefficients to facilitate computational simplicity, as demonstrated in Equation (2).

F = aDho, )

In the formula, D represents the projected width of the structure’s ice-facing surface,
h denotes the thickness of the ice, o, is indicative of the uniaxial compressive strength of
the ice, and a accounts for comprehensive correction factors that consider modifications to
the actual stress state caused by variables such as ice velocity, contact conditions, and local
compression. These formulas incorporate experimental findings and theoretical approaches,
possessing explicit physical significance while maintaining dimensional consistency and
broad applicability. Based on linear formulas, static ice loads primarily rely on both the
uniaxial compressive strength of the ice and the contact area between it and the structure.

Table 4 provides a summary of similar formulas [22].

Table 4. The calculation formula for static ice load is based on the linear formula.

Name

Expression

Meaning of the Parameters

Background

Korzhavin

F=1(V/Vy) Y*mKDHo,

I: local compression coefficient; v:

relative velocity; vg: reference
velocity; m: structural shape
coefficient; K: contact condition
coefficient; H: ice thickness.

Based on a large number of
experimental data and
theoretical analysis of Siberian
rivers.

Afanasev
(1971)

F = ImDho,
(145x H/D)"*(1 < D/H < 6)
25(D/H = 6)
417 —1.67D/H(0.1 < D/H < 1)
40(D/H =1)

I local compression coefficient; m:

structural shape coefficient.

Based on Korzhavin, further
research is carried out, and the
calculation method under
different D/H ratios is
obtained.

Lu

For vertical piers: F = aCDHo.

For inclined piers, horizontal force:

Fy = a,H? tan B
Vertical force: Fyy = af, H?

a: regional coefficient; C:
comprehensive correction
coefficient; o,: ice’s flexural
strength; B: the angle of
inclination of the ice-breaking
edge of the bridge pier.

This paper is based on a large
number of experiments on the
ice pressure on the No.3 pier
of the Songhua River Bridge
caused by the ice flow in the
Hal Glacier section of the
Songhua River in China.

Former Soviet
Union’s
standards

I: local compression coefficient.

Based on the Arctic coastline
scene of the former Soviet
Union, the ice pressure acting
on the vertical pier is
analyzed.

Russian Ice
Load
Regulations

@;: structural ice-facing surface

shape coefficient; H: ice thickness.

The ice surface of the bridge
pier is vertical, and the ice
load on the bridge pier is
applied.

American

API2A Formula

C: coefficient dependent on the
structural shape, ice velocity, and
other factors.

For the flowing ice force
acting on a single column, the
larger the ratio of pile
diameter to ice thickness, the
smaller the coefficient “c’.

American
APIRP2N
Formula

F = ImDho,
F = ¢;DHo,
F = CDHo
F = ImKDho,

I: local compression coefficient; K:

contact coefficient.

Based on the ice flow force on
a single column in the Cook
Bay of Alaska, USA.

36



J. Mar. Sci. Eng. 2024, 12,924

Table 4. Cont.

Name Expression Meaning of the Parameters Background
Based on the unique ice
Canadian CAS environment and cold
F = DhP, P.: effective ice pressure. temperate climate in Canada,
Formula (1974) S
the force of flowing ice on
buildings is proposed.
Canadian Based on different inclination
Standards for F — C,DHo. Cn: inclination coefficient of angles of the leadmg edge of
. - bridge pier fore-edges. the pier, there are different
Bridge Piers RET -
inclination coefficients.
Ensure that the Canadian
Canadian i comprehensive correction offshore lighthouse structure
Lighthouse F = mDho, ’ p fficient can withstand the ice load that
Formula (1975) coethicient. may be suffered under
extreme conditions.
Chinese ) . . ... Under the action of wind and
Offshore F — mK: K> Dho K11< .local tcoznpreﬁfspn tc'oef.ﬁ.ae’nt, current, the ice load of a large
Platform = R 2 CC%r;n acre(;cs)ievelcslﬁ_ relr{ o*fh ees area of the ice sheet on the
Standards p gt vertically isolated pile.
3.2. Exponential Formula-Based Predictive Method for Static Ice Loads
The expression method for static ice loads, established by Schwarz through regression
analysis of experimental data from model experiments, is based on an exponential formula
and can be articulated as follows:
F = BD" H"0, (3)
In the formula, § represents a correction coefficient that is typically a constant value
under particular environmental circumstances.
This type of formula represents an advancement in the existing methods for calculating
ice loads, which were initially developed based on linear formulas and subsequently refined
by incorporating various exponential terms derived from extensive experimental data. It is
specifically tailored to suit particular environmental conditions, with a relatively limited
scope of application and involving parameters that lack dimensional consistency. However,
it offers highly targeted results with enhanced precision. Such formulas are presented in
Table 5 [22]. This category of formulas combines and simplifies the influence of different
factors from the first category of formulas on the calculation of ice forces, thereby providing
unique practical value for real-world applications.
Table 5. Calculation formula of static ice load based on the exponential formula.
Name Expression Notes Background

Schwarz Formula

F =3.75D% Hl1g,

F: unit in KN; D: unit in cm; o¢:
unit in KN/cm?.

A large number of experimental and

theoretical studies have been
conducted in the Baltic Sea, North
Sea, and North Atlantic, and a

multi-coefficient formula is proposed.

Hamayaka Formula

C: correction coefficient. For

F = CD%Hg, i .
¢ for rectangular cross-sections, it

takes 6.8.

4. Comparison of Ice Load Magnitudes from Experiments and Empirical Formulas

The present study meticulously compiles empirical methodologies for estimating ice
loads on marine piles and bridge piers. Given the analogous loading patterns observed in
side shell structures with significant stiffness, the extrapolation of these empirical formulas
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to such constructions is considered justifiable. By disregarding the progressive disintegra-
tion of the ice block, we adopt the initial peak value on the load—-displacement curve as
the reference experimental load, facilitating a comparative analysis with outcomes derived
from various empirical formulas, as depicted in Figure 9. It is evident that results obtained
from the same empirical formula positively correlate with the contact area. Due to the
conservative parameters and assumptions employed in standards and empirical formulas,
the resultant load values generated in practice are comparatively higher. Notably, when
the aspect ratio of the contact area is smaller, discrepancies in load estimations predicted
by these methods become more pronounced. Additionally, it can be observed that the
calculation results from the APIRP2N formula consistently overestimate. This can primarily
be attributed to contact coefficients being derived from ice conditions in Cook Inlet, Alaska,
USA, where parameter values are significantly higher than those used in other standards.
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Figure 9. Comparison of results from various empirical formulas with actual measurement data.
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5. Discussion
5.1. Comparative Analysis of Different Empirical Formulas
5.1.1. Identifying the Factors for Determining Correction Coefficient

The correction coefficient, as mentioned previously, is an empirical value obtained by
fitting a large set of experimental data. It may be a composite correction factor or consist
of multiple sub-factors to collectively account for the influence of various factors. The
determination of this coefficient should consider the following considerations:

(1) Contact state between ice and structure

In both categories of formulas (Equations (2) and (3)), the compressive strength o¢ is
determined through uniaxial compression tests. However, it should be noted that these
tests do not consider the three-dimensional stress state of ice, which significantly enhances
its strength under confining pressure. This distinction is crucial in understanding different
scenarios, such as ship collisions with ice flies or icebergs and the compression of river ice
against bridge piers. Therefore, when dealing with substantial ice thicknesses, it becomes
necessary to further calibrate the correction coefficient to account for the enhanced strength
beyond what is determined by uniaxial compression.

(2) Ice-structure contact conditions

In ice force calculation formulas, “Dh’ (Dh in Equation (2) and D'H/ in Equation (3))
represents the projected contact area between ice and the structure. However, due to the
brittle nature of ice, the spalling of ice fragments results in numerous irregular notches,
thereby reducing the effective contact area. The faster the compression rate of ice, the more
pronounced this effect becomes. Moreover, it is unlikely for the entire ice mass to attain its
ultimate strength and fail uniformly across the actual contact area, leading to disparities
between theoretical and practical contact areas. It should be noted that strain rate and
interaction velocity are closely intertwined; however, in real-world scenarios, sea ice velocity
near structural entities exhibits significant variability. Consequently, adjusting parameters
« and  may not yield tangible engineering benefits in such contexts. Therefore, only the
Korzhavin formula incorporates both strain rate and uniaxial compressive strength.

5.1.2. Ice Load Magnitude and Contact Surface Shape Characteristics

In the second category of formulas, the formulas are obtained by applying an expo-
nential transformation to the length and width dimensions of the contact surface in the first
category. Consequently, the influencing factors to be considered are similar, among which
the most critical is the shape and angle of the contact surface.

(1) Structural shape coefficient

The shape factor ‘m’ represents the influence of the structural shape on ice forces and
is generally determined based on the shape of the structure’s ice-facing surface. Typically, a
value of 1 is commonly assigned for flat contact surfaces, while cylindrical (or semi-circular)
surfaces are often given a value of 0.9. For angular shapes, which are defined by the vertex
angle 2a’, the corresponding value can be obtained from Table 6 [23].

Table 6. Shape coefficient values for different angles.

2 45° 60° 75° 90° 120° 180°
m 0.6 0.65 0.69 0.73 0.81 1.0

In certain empirical formulas (see Table 1), the impact of the inclination coefficient on
ice loads needs to be considered. Table 7 presents the ratios of numerical force to horizontal
force under varying inclination coefficients (angles) [24]. It is noteworthy that at inclination
angles exceeding a certain threshold (commonly 30°), the mode of ice failure may transition
from compressive to bending failure. Consequently, in such scenarios, the calculation of
ice pressure should employ the bending strength of the ice, necessitating corresponding
modifications to the computational formulas.
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Table 7. The ratio of vertical to horizontal forces under various inclination coefficients.

Inclination Angle Inclination The Ratio of Vertical to
o B Coefficient C, Horizontal Forces FV/FH
90 1.00 0
15 75 0.75 0.11
20 70 0.75 0.20
25 65 0.75 0.29
30 60 0.75 0.39
35 55 0.50 0.50
40 50 0.50 0.61
45 45 0.50 0.74

5.2. Modification of the Korzhavin Formula Based on Experimental Outcomes

The Korzhavin formula, as a classic method for static ice load prediction, encompasses
a comprehensive range of parameters. Additionally, based on the comparative results
presented earlier, the Korzhavin formula demonstrates superior applicability and accuracy
relative to other empirical formulas. The loading conditions of this experiment comply
with the requirements of the Korzhavin formula, thereby justifying its use for calculating
ice loads. Therefore, attention must be focused on the selection of the local compression
coefficient ‘I’. The literature indicates that when the width of the ice floe exceeds 15 times the
pile diameter, ‘I’ should be set at 2.5. However, this method of determination is evidently
inapplicable in the context of this study. To enhance the alignment of the Korzhavin formula
with the specific research object, it is imperative to amend the localized compression
coefficient incorporated in the formula that is not consistent with the authentic research
conditions. Therefore, we propose a fresh interpretation of the compression coefficient
based on the test environment and results. Such a modification will ensure greater accuracy
in our investigations. A compression coefficient deduced from experimental results is
presented in Table 8.

Table 8. Comparison of results from improved Korzhavin formula and experiments.

First Peak Load Local Average cov %I:E:&f:} Relati
Conumber LRSI e SR Wi peredle  fnors
300 mm x 75 mm-NO.1 20.72 0.71 1.79
300 mm x 75 mm-NO.2 18.83 0.54 0.70 0.7/2.5=0.28 2415 28.25
300 mm x 75 mm-NO.3 29.04 0.84 16.84
300 mm x 150 mm-NO.1 31.68 0.42 7.01
300 mm x 150 mm-NO.2 40.97 0.46 0.49 0.49/2.5=0.196 33.90 17.26
300 mm x 150 mm-NO.3 30.17 0.59 12.36
300 mm x 225 mm-NO.1 84.54 0.61 31.57
300 mm x 225 mm-NO.2 190.45 1.37 1.07 1.07/2.5 = 0.428 111.23 41.59
300 mm x 225 mm-NO.3 171.60 1.24 35.18

It is observable that the localized compression coefficients derived from experimental
results are consistently lower than 2.5. If a discrepancy of 30% is considered acceptable, then,
with the exception of certain cases, the overall error margin between the ice load calculated
using empirical formulas and that obtained from experiments generally falls within an
acceptable range, with the minimum error being 1.79%. This observation substantiates the
rationality of the employed empirical formula.
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6. Conclusions

This study focuses on the prediction of quasi-static ice loads, employing a compre-
hensive review of empirical formula-based forecasting methods and validation through
quasi-static compression tests of ice-structure interaction. An assessment of the accuracy
and applicability of various empirical calculation methods was conducted. The conclusions
are as follows:

(1) Various standards and empirical formulas exist for static ice load prediction, which can
be classified into two main types based on their formulation: linear and exponential.
In practical applications, the results obtained from different empirical formulas often
exhibit significant variation due to variations in engineering contexts, ice conditions, etc.

(2)  Quasi-static compression tests of ice-structure interaction were conducted. The stiff-
ened panel did not undergo any noticeable or easily observable plastic deformation.
In all the tests studied in this paper, the ice block consistently exhibits significant crack-
ing at the middle stiffener of the panel, and the maximum load values demonstrate a
nonlinear positive correlation with the contact area.

(3) A comprehensive discourse on the determination of various parameters was under-
taken, encompassing aspects such as the correction coefficient, characteristics of the
contact surface shape, and the structural shape coefficient. The Korzhavin formula is
shown to exhibit enhanced applicability and precision in comparison to other empiri-
cal formulas. Therefore, a compression coefficient deduced from experimental results
is presented, which also substantiates the empirical formula’s rationality and efficacy.

Using the model test method, the ice load size and load change can be directly obtained
and further compared with the calculated values of the empirical formula. However, due
to certain error limitations of the test technology, it is impossible to accurately simulate
and restore the real ice-breaking scene. In addition, the factors that affect the accuracy of
the empirical formula will be further studied, and the test technology will be continuously
improved in the future.
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Abstract: Slamming impacts on water are common occurrences, and the whipping induced by
slamming can significantly increase the structural load. This paper carries out an experimental study
of the water entry of rigid wedges with various deadrise angles. The drop height and deadrise angle
are parametrically varied to investigate the effect of the entry velocity and wedge shape on the impact
dynamics. A two-way coupled approach combing CFD method software STAR-CCM+12.02.011-R8
and the FEM method software Abaqus 6.14 is presented to analyze the effect of structural flexibility
on the slamming phenomenon for a wedge and a ship model. The numerical method is validated
through the comparison between the numerical simulation and experimental data. The slamming
pressure, free surface elevation, and dynamic structural response, including stress and strain, in
particular, are presented and discussed. The results show that the smaller the inclined angle at the
bottom of the wedge-shaped body, the faster the entry speed into the water, resulting in greater
impact pressure and greater structural deformation. Meanwhile, studies have shown that the bottom
of the bow is an area of concern for wave impact problems, providing a basis for the assessment of
ship safety design.

Keywords: drop tests; slamming pressure; fluid-structure coupling; numerical simulation; hydroelasticity

1. Introduction

When ships navigate through the sea, they often encounter adverse weather conditions
that require sailing through rough waves. The phenomenon of slamming that occurs when
the hull collides fiercely with the waves can seriously damage the structural integrity of
the ship and pose a threat to the life safety of maritime personnel. In 1994 [1], the Estonia
sank because the wave loads it encountered exceeded the structural limits the vessel could
withstand, leading to the damage of the positioning devices and the lock structures of the
foredeck shelter-type bow doors. When encountering violent waves, the bow of the ship
emerges from the sea and then re-enters the waves at a relatively high speed, colliding
with the waves to produce the so-called slamming phenomenon. Based on the different
areas affected by the slamming load, slamming can be classified into three types: bow flare
slamming; stern slamming; and bottom slamming, with each type of slamming causing
different dynamic responses [2].

For the exploration of slamming issues, scholars have proposed various theoretical
and experimental methods for in-depth study. Ochi [3] proposed a correlation between the
length of the hull and the slamming duration, adopting a quasi-static approach to study
the dynamic response of the hull beam under slamming loads. Yu Pengyao et al. [4] used
three-dimensional linear potential flow theory and long-term analysis methods of slam-
ming speed to explore the direct calculation method of design loads for bow flare slamming
pressure on ships. Hong et al. [5] conducted research on the dynamic characteristics of bow
flare slamming in regular and irregular wave conditions, discussing the spatial distribution
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and temporal progress of slamming loads on the bow flare. The experimental studies of hull
models in wave tanks are of significant guidance and can provide a better understanding of
the phenomenon of wave slamming. Hermundstad et al. [6] proposed a theoretical method
that can effectively predict the slamming loads acting on the hull beam and verified the
accuracy of this prediction method through model tests. Wang et al. [7] conducted experi-
mental studies to investigate the bow flare slamming and bottom slamming phenomena of
chemical tankers under the action of irregular waves and measured the probability and
values of slamming loads, which has important practical value for ship design. Lindemann
et al. [8] conducted research on the dynamic failure characteristics of ship structures under
longitudinal and transverse slamming loads through experimental methods, considering
the effects of inertia and damping, and improved the existing ideal structural unit method.
Wang Xueliang et al. [9,10] took a large LNG ship as the research object and compared
the wave-induced vibration response of the ship using tank model experimental methods
and three-dimensional linear hydroelastic theory, which indicated that the wave slamming
loads often cause issues of ultimate strength and fatigue damage in the ship structure. Jiao
Jialong et al. [11] proposed a large-scale segmented-model wave-load testing technique in
real sea wave environments and conducted hydroelastic tests on large-scale segmented
ship models.

In the area of numerical simulation, Zhu Renging et al. [12] conducted numerical
simulations on the slamming problem of wedge-shaped bodies entering the water and
obtained the effects of wedge stiffness on the water entry process. Yang et al. [13] studied
the dynamic ultimate strength of hull beams under slamming bending moments through
numerical simulation methods. The results showed that the duration, amplitude, and
impulse of the slamming affect the dynamic response of the hull beam. Mackie [14]
considered the influence of the fluid-free surface in the study of the two-dimensional
rigid wedge entering the water and transformed it into a similar flow problem on the
complex plane, thereby deriving the shape of the free surface and the slamming pressure.
Bilandi et al. [15,16] used a combination of the finite volume method and the volume of
fluid method to numerically simulate the vertical water entry impact of two-dimensional
symmetrical and asymmetrical wedge structures. They also analyzed the hydrodynamic
behavior of stepped planing hulls in eight different configurations using CFD methods.
The results indicated that specific step heights and placements can significantly reduce the
resistance of the vessel, thereby enhancing the performance of high-speed planing boats.
Vesselin et al. [17] used Open FOAM to predict the asymmetric water entry slamming
pressure of two-dimensional wedges and the history of liquid surface changes. Zhao
Zhongbang [18] predicted the slamming loads for a typical position at the bow of a VLCC
ship using a two-step method. The study established a three-dimensional uniform cross-
sectional model and calculated slamming pressure curves and peak values at each point.
Zhang Boran [19] simulated the motion of a three-dimensional hull through numerical
waves, compared the pressure data of various points during the slamming process under
head-on and oblique waves laterally, and obtained the trend of bow pressure distribution
under different navigation conditions. Stavovy [20], based on the assumption that the
slamming speed is equal to the relative speed between the moving body and the wave-
slamming surface, derived a method for calculating slamming pressure applicable to all
types of hulls. Peng Dandan [21] studied the impact of different parameters on the dynamic
response of two-dimensional and three-dimensional structures, discussing the effects of
structural plate thickness and changes in the elastic modulus on slamming pressure. Wang
Jiaxia et al. [22] used STAR CCM+ to study the three-dimensional nonlinear wave slamming
loads and conducted numerical predictions and hull optimization for the slamming loads
in the bow and stern regions of a large cruise ship navigating in waves. Chillemi et al. [23]
used CFD methodology simulations and parametric optimization algorithms to improve
the form design of a racing motorbike. It was shown that the optimized design significantly
reduces air resistance and improves downforce, thus enhancing the track performance of
the motorbike. Lee et al. [24] analyzed the structural response of two types of planing hull
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grillage panels in irregular waves through experiments and numerical simulations. The
results showed that the greatest impacts occur in deep troughs with low wave heights.
Numerical simulations more accurately predict the vertical acceleration of the center of
gravity compared to traditional methods, demonstrating the efficiency of computational
approaches and the conservatism of current design practices.

Overall, this thesis employs experimental and numerical simulation methods for its
study. The experimental part mainly uses water entry experiments of wedges with different
inclination angles to simulate the slamming process of ships in waves, examining how
changes in entry speed and wedge inclination affect the slamming impact. The numerical
simulation involves the coupling of CFD and FEM, utilizing STAR-CCM+12.02.011-R8
and Abaqus 6.14 software for coordinated two-way fluid—structure interaction analysis,
allowing multiple data exchanges per time step until convergence criteria are met, thereby
enhancing the calculation’s stability and accuracy. This coupling method can more accu-
rately predict the pressure distribution during the slamming process, the elevation of the
free surface, and the dynamic structural response. It provides a scientific basis for ship
design and has an important reference value for assessing ship safety under extreme sea
conditions. This research not only enhances our understanding of ship slamming response
but also advances related numerical simulation technologies.

2. The Numerical Methods
2.1. Governing Equations

The finite volume method (FVM) was imported into STAR-CCM+ software, and the
integral form of the governing equation was discretized into a system of algebraic equations
in the time and space dimensions. First, the calculation domain was divided into a limited
number of adjacent control bodies. These control bodies can be of any polyhedron shape.
The discrete governing equations also need to use area integration, volume integration,
and time and space derivatives in the calculation process.

It was assumed that the flow is controlled by the RANS equation for viscous three-
dimensional flow, where the turbulence effect includes a vortex model and a viscous
model. At this time, the continuity equation, momentum equation, and two turbulence
characteristics equations needed to be solved. The model selected the Realizable K-Epsilon
turbulence model to simulate the effect of turbulence in the fluid, which added some
improvements to better handle turbulent flows compared to the Standard K-Epsilon model
for high Reynolds number flows, where the governing equations of mass conservation and
momentum conservation in integral form can be written as follows:

Conservation of mass:

d
a/Vpdv+/Sp(v—vl,)-m-lszo (1)

Conservation of momentum:

d o .
a/vadV+ /spv(v—vb) -ndS = /S(T—pl) -ndS + / ypbdV (2)

where p is the density of water, v is the fluid velocity vector, v;, is the surface velocity of
the control body; n is the unit vector normals perpendicular to the surface of the control
body, where S and V are the area and volume of the control body, respectively, T is the
stress tensor (representing the velocity gradient and eddy viscosity), p is the pressure, I is
the unit tensor.

The volume of fluid model assumes that all immiscible fluids in the control body have
the same velocity, pressure, and temperature fields, so only the basic governing equations
for the conservation of momentum, mass, and energy of a single-phase flow field in the
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control body require solving. The conservation equation describing the volume fraction

o is
d i Dp;
lﬁ/vaidv—l—/stxi(v—ug)da:/V<sai—{;D’:)dV 3)
1
where sy, is the source or sink of phase i flow field, Dp;/Dt is the material derivative of
phase density p;.

2.2. Structural Response Equation

The dynamic response of a three-dimensional ship under a slamming load was inves-
tigated through the finite element method, and the effect of the elastic structure response
on the slamming load was also taken into account. The three-dimensional model was
discretized to obtain a finite element model of the structure. This is also a basic step in finite
element calculation. The basic equation of the three-dimensional elastic dynamic equation
is based on obtaining the finite element model of the hull structure, and the finite element
solution steps for the three-dimensional solid dynamic analysis, which are as follows:

[M]{u} + [C]{u} + [K]{u} = [P] @)

where [M] is the mass matrix; [C] is the damping matrix; [K] is the stiffness matrix; [P] is
the external incentive; {i} is the node acceleration vector; {i} is the node speed vector;
{u} is the node displacement vector.

2.3. Fluid-Structure Interactions

The wave-slamming problem of the hull structure belongs to the strong nonlinear,
fluid—-structure interaction problem. In this paper, the data were automatically transferred
at the fluid—solid interface through the cooperative coupling function between software
STAR-CCM+ and Abaqus to realize the two-way fluid—structure interaction calculation.
STAR-CCM+ solves the fluid equation, and Abaqus solves the structural equation, which
belongs to the partitioned fluid—structure interactions. In this article, coupling calculations
were coupled using an implicit method between STAR-CCM+ and Abaqus, mainly because
the implicit coupling method is suitable for strong coupling calculations between structures
and fluids. It allows STAR-CCM+ and Abaqus to exchange data more than once each time
and keep iterating until the convergence criteria are met. This coupling scheme is more
stable, and the second-order accuracy is higher.

Since the wave-slamming phenomenon is a strong coupling phenomenon, an implicit
strong coupling algorithm was selected in the numerical model. As shown in Figure 1, a
single coupling procedure was taken as an example to introduce the process of the implicit
coupling time step. Set the motion specification as ‘deformation” in STAR-CCM+, and set
the elastic modulus, plate thickness, initial speed, gravity, time step, and coupling surface
of the model in Abaqus. The specific calculation process was as follows: STAR-CCM+
starts the flow field load calculation, then transmits the pressure and shear force to the
FEM solver, and then Abaqus performs structural response analysis based on the load of
the coupling interface and transfers the displacement and deformation to STAR-CCM+.
STAR-CCM+ then moves the mesh by the ‘deformation” function according to the amount
of displacement transmitted. This completes a coordinated coupling for calculation and
update and repeats until the maximum physical time is reached.
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Figure 1. The procedure for a single coupling step with implicit solvers.

3. Model Tests
3.1. Test Models and lest Point Arrangement

The research object of this test was a wedge. The wedge model was 600 mm long and
300 mm wide with a fixed aspect ratio. The shape of the bottom section of the model was
V-shaped (wedge). The inclination angles of the bottom plate () were 10°, 20°, 30°, and
40°. The detailed dimensions of the two-dimensional wedge model are shown in Figure 2a.

(@) (b)

Figure 2. Size of test models (Unit: mm). (a) model shape. (b) model with different deadrise angles.

In order to make the fluid flow two-dimensionally during the impact of the wedge
into the water, the structure of the model remained unchanged in the length direction. In
addition, as shown in Figure 2b, in order to give the structure a large buoyancy reserve
after entering the water, the wedge-shaped structure was designed with vertical baffles
added around it.

In order to measure the slamming pressure at different positions on the base plate of
the test model, the measuring points were arranged at different height positions on the
bottom plate, and the measuring points were compared to corresponding measuring points.
The specific distribution of the wedge measuring points is shown in Figure 3. The center of
the bottom plate (the angle of inclination with respect to the horizontal plane) was O point,
and the measuring point P1 was arranged at a distance of 15 mm from the O center on the
lateral centerline of the bottom plate and then one measuring point was arranged every
30 mm; that is, P2, P3, P4, P5, P6, and P7 in Figure 3a are the comparative measuring points
of P2 and P4 in the horizontal direction (the other side of the bottom plate). P8, P10, P9, and
P11 are the measurement points of P2 and P4 in the longitudinal direction for comparison.
In addition, the openings in the bottom hole of test models and the fitting arrangement of
pressure sensors are shown in Figure 3b.
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Figure 3. Distribution and numbering of measure points on wedge bottom (Unit: mm). (a) Measure
points on the wedge bottom. (b) Real scenery of pressure sensors.

3.2. Test Equipment and Devices

This test was carried out in a towing pool of the Jiangsu University of Science and
Technology. The test piece model was suspended on the crane hook by a non-retractable
steel cable. The initial drop height was determined by the crane lifting and the laser
rangefinder (the determination of the test height was based on the distance from the lowest
point of the test piece to the water surface). After adjusting to the specified height, the hook
was released, and the test model was freely released into the water. In the test process,
a high-speed camera photographed the test model’s release into the water. The signal
acquisition system collected and recorded the test data measured by the pressure sensor
through a wire. The test scenario for water entry of the structure is shown in Figure 4.

travelling crane

lifting hook

test piece

(a) (b)

Figure 4. Test scenario for water entry of structure. (a) Schematic diagram of the test scenario.
(b) Actual test scenario.

The test acquisition equipment used during the test was as follows: (1) Laser rangefinder:
measuring distance 750 mm, the sampling period was selected from 20/50,/100/200/500/1000 ps,
measuring accuracy was 2 um; (2) High-speed camera: Model Phantom V12.1, sensor reso-
lution was 1280 x 800, equipped with EDR dynamic range exposure control function and

48



J. Mar. Sci. Eng. 2024, 12,733

automatic exposure function, full-frame 1280 x 800, speed 6242 frames/second; (3) Pres-
sure sensor: HM91 micro sensor and transmitter, the diameter was 6 mm, the sampling
frequency was 10,000 Hz; (4) Dynamic signal acquisition system: two ruifeng real-time
collectors, 48 channels, the sampling period was 0.5 microseconds.

During the processing of sample models, the thickness of the model steel plate was
5 mm. The quality and the corresponding number of each structural model after processing
are given in Table 1. The initial height of water entry according to test conditions was
determined to obtain the test cases. Each test condition was repeated three times.

Table 1. Test cases for water entry of models.

Case 1 Case 2 Case 3 Case 4 Case 5 Case 6 Case 7
Model Mass/kg
0.1m 0.2m 0.3 m 0.4 m 0.6 m 0.8 m 1.2m
Wedge = 10° 18.5 N4 Vv v vV — — —
Wedge = 20° 19.2 Vv Vv - i Vv — —
Wedge = 30° 20.2 - v - vV v Vv -
Wedge B = 40° 22.1 - Vv — Vv Vv Vi -

3.3. Analysis of Test Results

According to the above test cases, the slamming test of the wedge-shaped structure
was carried out to obtain the curve of the slamming pressure with time at each measurement
point. In order to facilitate comparison and analysis, the time at which the test model was
at a height of 0.01 m from the water surface was taken as the time 0.

3.3.1. Slamming Pressure at Different Deadrise Angles

Curves of slamming pressure at different measurement points on wedges with dead-
rise angles B of 10°, 20°, 30°, and 40° over time are shown in Figure 5. It can be seen
from the figure that the wedge with a deadrise angle of 10° (Figure 5a) reached the peak
value of the slamming pressure immediately when it contacted the water surface. Over
time, each measurement point had a significant peak value in succession and then rapidly
decreased to a stable value, and the slamming pressure peaks at the measurement points
P1 to P5 showed a trend of increasing first and then decreasing. In Figure 5b, the peak
pressure of the slamming pressure at the measuring points P1 to P5 of the wedge with a
deadrise angle of 20° also increased first and then decreased, but the position where the
peak value of the maximum slamming pressure moved to the P2 measurement point. The
peak slamming pressure of the wedges with deadrise angles of 30° (Figure 5c) and 40°
(Figure 5d) gradually decreased from the measurement points P1 to P5. Unlike the first
two types of wedges, the peak value of the maximum slamming pressure appeared at the
P1 measurement point. This is mainly because when the wedge body enters the water, the
bottom of the wedge with a small deadrise angle will cause a greater obstacle to liquid
surface lifting, so the liquid surface continues to rise, and the squeezing force of the bottom
plate on the liquid surface continues to increase, and the slamming pressure also increases
continuously. After the liquid surface is lifted to a certain height, a jet phenomenon will
occur, and the slamming pressure peak will appear at the root of the jet. After that, the jet
is separated from the surface, and the slamming pressure decreases rapidly.

Comparing the slamming pressure curves of Figure 5a—d, it can be found that the
slamming pressure of the wedge changed with the change in the deadrise angle: the
deadrise angle increased, and the slamming pressure decreased significantly. This is
because the normal direction of the wedge force (the direction perpendicular to the surface
of the wedge body) had a larger component when the wedge had a small deadrise angle,
so the slamming pressure on the wedge was also significantly larger. In addition, the
slamming pressure of wedges with different deadrise angles had different degrees of
oscillation. When the deadrise angle was small, the oscillation frequency was low and
the amplitude was large; when the deadrise angle was large, the oscillation frequency
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was high and the amplitude was small. This is because the difference in the deadrise
angle resulted in changes in the amplitude and frequency of the shock wave. Table 2
shows the peak slamming pressure of the comparative measurement points of wedges
with different deadrise angles and their occurrence time (due to the damage of the P7
measuring point during the test, individual data are not given). It can be found that
the peak value of slamming pressure at the P2 and P4 measurement points and their
comparative measurement points were almost the same by comparison. However, when
the deadrise angle was 10° and 30°, the peaks value of the P6 and P7 measurement points
appeared earlier than P2 and P4, and the peak value of the slamming pressure was too
large. When the deadrise angle was 30°, the peaks value of P8 and P9 measurement points
appeared later than P2 and P4, and the peak value of the slamming pressure was smaller.
This is mainly because the wedges tilted at a small angle during the test, which resulted
in the measuring points at the same height not entering the water at the same time, thus
affecting the slamming pressure. However, since the wedge was tilted at an extremely
small angle, the effect of test errors can be ignored.
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Figure 5. Pressure of wedges with different deadrise angles § dropped from 0.4 m height. (a) p = 10°.
(b) B =20°. (c) p=30°. (d) B =40°.

3.3.2. Slamming Pressure at Different Entry Speeds

Figure 6 shows the peak slamming pressure of the measurement points of the wedges
at different deadrise angles at different drop heights. It can be seen from the figure that
as the drop height increased, that is, the speed of entering the water increased, and the
peak value of the slamming pressure also increased. However, the peak value of slamming
pressure decreased as the deadrise angle increased for wedges with different deadrise
angles falling from the same height.
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Table 2. Comparison of peak slamming pressure on contrastive measure points.

Deadrise Angle P2 P6 P8 P10
100 T/s 0.0053 0.0052 0.0058 0.0052
P/kPa 145.296 161.111 148.249 151.882
20° T/s 0.0069 0.007 0.0073 0.0067
P/kPa 72.581 78.82 77.36 75.37
300 T/s 0.0097 0.0089 0.0108 0.0103
P/kPa 29.983 32.905 28.895 30.15
10° T/s 0.0114 0.0098 0.0106 0.0105
P/kPa 14.223 13.947 12.27 12.976
Deadrise Angle P4 P7 P9 P11
100 T/s 0.0079 0.0074 0.0087 0.0078
P/kPa 185.57 189.983 168.033 171.513
20° T/s 0.0128 0.0132 0.013
0 P/kPa 38.541 42.676 43.546
300 T/s 0.0174 0.0158 0.0189 0.0185
P/kPa 20.909 23.937 17.465 18.714
10° T/s 0.0244 0.0247 0.0238
0 P/kPa 9.2251 9.1463 8.184
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Figure 6. Peak pressure of the wedge with different water entry heights. (a) p = 10°. (b) g = 20°.
(c) p=30°.(d) p =40°.

Comparing the measured points of the tip when the wedges with different deadrise
angles had the maximum slamming pressure, it can be found that when the deadrise angle
was 10°, the maximum slamming pressure tip appeared at the P3 measurement point and
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when the deadrise angle was 20°, the maximum slamming pressure appeared at the P2
measurement point. The maximum slamming pressure appeared at the P1 measurement
point when the deadrise angle was 30° and 40°. The phenomenon is because when the
deadrise angle was small, the liquid surface lift and the jet phenomenon had a greater effect
on the peak value of the slamming pressure. When the deadrise angle was large, the peak
value of the slamming pressure was hardly affected.

4. Simulation Analysis of a Wedge-Shaped Structure Slamming into Water
4.1. Verification of Numerical Methods

This section is mainly divided into two parts. The first is the comparison between
the numerical model and the experiment result of water entry of a wedge. In this numer-
ical model, the deformation effect of the structure was taken into account through the
co-simulation of STAR-CCM+ and Abaqus. The other part is the comparison with the
experimental results of the ship model in regular waves in reference [25]. In this part, in
order to be more consistent with the experimental scene, the rigid body motion of the ship
model was considered through the DFBI model.

4.1.1. Computational Model

The main scale parameters of the experimental model are shown in Table 3. The size
of the overall calculated background area was 0.8 m x 0.8 m x 0.8 m, and that of the
overlapping area was 0.4 m x 0.7 m x 0.35 m. The origin point of the coordinate system
was at the midpoint of the wedge bottom, the Z axis was positive vertically, and the X axis
was positive horizontally to the right, which satisfied the right-hand rectangular coordinate
system, in which the height of the water surface was at Z = —0.01 m. For the setting of
boundary conditions, the background area adopted the wall boundary condition, and the
boundary condition of the top was the pressure outlet, the overlapping area of the wedge
adopted the wall, and the rest adopted the overlapping mesh.

Table 3. Principal dimension.

Principal Scale Parameter Value
Length overall (m) 3.8
Length at waterline (m) 3.32
Length of parallel body (m) 3.0
Beam (m) 0.75
Draught (m) 0.08
Depth (m) 0.2
Volume of displacement (md3) 0.13
Area of water-plane (m?) 2.38

The origin of the coordinate system was at the intersection of the vertical line from
the stern and the plane of the ship’s bottom. The X-axis pointed toward the bow along
the length of the ship, and the Z-axis was perpendicular and pointed upward, satisfying
the right-hand Cartesian coordinate system. The coordinates for the background domain
area were [—8, —4, —4] and [24, 4, 4], while the overlapping region coordinates were
[-1.5, —-1.2, —0.5] and [5, 1.2, 0.8], as shown in Figure 7.

The boundary condition settings for the background domain area and the overlapping
region can be referred to in Table 4.
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Figure 7. Computational domain profile for simulation. (a) Computational domain for wedge.

(b) Computational domain for ship.

Table 4. Boundary conditions of background and overset region in computational domain.

Region Boundary Boundary Condition
Top Wall
Bottom Wall
Sidel Symmetry
Background Side2 Symmetry
Inlet Velocity Inlet
Outlet Pressure Outlet
o Overset Part Overset Mesh
verset Hull Wall

4.1.2. Grid Division and Time Step Setting

Due to the structure of the wedge involved the coupling of three-phase substances in
the process of slamming, it was necessary to further track the large displacement movement
of the structure and the free liquid surface, and the deformation of the structure made it
necessary to reconstruct the mesh at each time step, which increased the complexity of
calculation. To solve this problem, this paper introduced the three-dimensional overset
mesh technology, which can consider the large deformation of the structure and is suitable
for solving this kind of complex fluid—structure coupling problem without mesh recon-
struction. In the computing area, the methods of surface reconstruction, the repair of the
automatic surface, cutting mesh, and prismatic layer were used to generate meshes. In
order to eliminate the errors caused by inserting variables between meshes, the same mesh
density of the magnitude was used for the overlapping area of the background mesh and
the overlapping mesh. See Figure 8a for the mesh division of the calculation area. The
maximum mesh size was 0.02 m, the encrypted mesh size was 0.008 m, and the cutting
body mesh unit was isotropic. There will be jet flow in the solid-liquid interface. In order to
clearly capture the evolution form of jet flow, this chapter used mesh thinning technology
to obtain fine mesh at the interface. The mesh density between the contact water surface
and the wedge bottom is shown in Figure 8. The cutting body mesh unit was anisotropic.
The mesh size near the water surface was 0.008 m in X and Y directions and the size in
the Z direction was 0.008 m. The mesh size in X and Y directions in the falling area of the
wedge bottom was 0.004 m. The mesh size of the overlapping mesh area was 0.004 m, and
that of the V-shaped plate at the bottom of the wedge was 0.004 m.
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@) (b)

Figure 8. Computational domain mesh. (a) Mesh density between water and wedge. (b) Mesh
density between water and ship model.

In the process of numerical calculation, the Courant number ¢ was used to balance the
accuracy of calculation results and calculation efficiency. The Courant number indicates
how many meshes have moved in the unit time step. After correct adjustment, the conver-
gence can be accelerated, and the stability of the solution can be enhanced. The Courant
number was 1 when first-order convection was used, and the Courant number was 0.5
when second-order convection was used. In this section, the time step was 2.0 x 107 s.

_ UAt

where At is the time step length, Ax is the mesh size, and U is the wave velocity.

4.2. Calculation Results and Analysis
4.2.1. Comparison of Slamming Pressures for Wedges with Different Angles

The slamming values for wedges with different angles can be seen in Figure 9, which
shows the slamming-pressure curve of a wedge falling from a height of 0.4 m. As can be
seen from the graph, at an angle of 10°, the wedge (Figure 9a) had the highest slamming
pressure when the slamming first occurred, with a large slamming pressure at the first
measurement point on the wedge. Figure 9b shows a similar trend to that of the 10° wedge
in terms of peak slamming pressure at measurement point P4 with an angle of 20, which
also increased and then decreased. This is due to the fact that when the wedge dropped into
the water, the bottom plate of wedges (10° and 20°) affected the water, so when the liquid
level was continuously lifted, the free liquid surface was subjected to increasing squeezing
pressure from the bottom plate, and therefore the slamming pressure also increased at this
time. Once the free liquid surface rose to a certain height, wave breaking and peak of the
slamming pressure appeared. This was followed by a gradual reduction in the slamming,
which was caused by the separation of the wedge surface from the free liquid surface.
And with the increase in the angle of the wedge, the rise in the free liquid surface was not
affected too much by the base plate.

As can be seen in Figure 9, the slamming pressure of the wedge changed as the angle
of the wedge changed, and as the angle increased, the slamming pressure of the wedge
decreased. A comparison of the values of the experimental and simulated values is shown
in Table 5. As can be seen from the table, the results of the experimental and simulated
values were close, with a small error rate of around 20%. The error in the results for the
wedge of 10° was larger because the wedge was subjected to a higher air resistance, which
was not considered in the numerical simulation.
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Figure 9. Comparison of the predicted time history of pressure against experimental results for water
entry of wedge with constant deadrise angle B. (a) B = 10° (b) B =20°. (c) B =30°. (d) B = 40°.

Table 5. Comparsion of simulation and experiment.

B P1 (P/kPa) P2 (P/kPa) P3 (P/kPa) P4 (P/kPa)
10° Experiment 130 144 200 184
Simulation 141.261 / 149.988 143.465
20° Expiment 56 72 68 38
Simulation 61.001 57.8324 53.5308 43.2922
o Expiment 38 30 24 22
30 Simulation 31.8174 30.4179 21.2797 18.6262
40° Experiment 17.6 14 8.8 9
Simulation 14.0357 13.3962 11.7048 9.04

4.2.2. Comparison of Slamming Results for Different Heights of the Wedge

Figure 10 shows the comparison of the slamming pressure of the wedges at P1, P2, P3,
and P4 for different velocities (different heights). The larger angle of the wedge indicated a
lower pressure.

When the angle of the wedge was 10°, the wedge at the P3 had the highest slamming
pressure value. When the angle of the wedge was 20°, the wedge at the P2 had the
highest slamming pressure value. When the angle of the wedge was 30°, the wedge at
the P1 had the highest slamming pressure value. This is because as the angle became
smaller, the slamming pressure was influenced more by the rise in free liquid, and the
wave-breaking phenomenon became more pronounced, while for wedges with a larger
angle, the rise in free liquid and the wave-breaking phenomenon had relatively little effect
on the slamming pressure.
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Figure 10. Peak slamming pressure under different angles. (a) = 10° (b) B =20° (c) g = 30°.

In order to investigate the comparative slamming pressure of wedges at different
water heights, comparative slamming pressure values are given in this section for wedges
with a deadrise angle of 10° at 0.1, 0.2, 0.3, 0.4 m, for wedges with a deadrise angle of 20°
at0.1,0.2, 0.4, 0.6 m, for wedges with a deadrise angle of 30° at 0.2, 0.4, 0.6, 0.8 m, and for
wedges with a deadrise angle of 30° at 0.2, 0.4, 0.6, 0.8 m, respectively.

As can be seen from the graph, for the wedge of 10°, there was a certain error between
the numerical simulation and the experimental peak slamming pressure, mainly because
the wedge of 10° had a small angle and was susceptible to the influence of the jet when the
liquid surface was lifted, so there was a certain error. For the wedges of 20° and 30°, the
numerical simulations fit the experimental slamming pressure values better. Comparing
the peak slamming pressures for wedges with different velocities at the same angle, it can
be seen that the peak slamming pressure increased when the velocity became faster (the
higher height).

4.2.3. Comparison of Slamming Results for the Ship Model

This section experiment investigated the slamming scenarios and structural response
of an aluminum model ship under regular wave encountering conditions using a towing
tank experiment. The experiments in the literature were conducted with 12 sets of cal-
culations at velocities of 0, 1, and 1.5 m/s, wave frequencies of 0.56, 0.60, 0.64, 0.68, and
0.72 Hz, with wavelengths ranging from 3 m to 5 m. In this section, two sets of operating
conditions (ship without speed and with speed) were selected for numerical simulation
and compared with experimental results to validate the feasibility of the numerical method
for wave-slamming response coupling in this section while analyzing the structural motion
and slamming response characteristics. The selected two sets of operating conditions are
shown in Table 6.

Table 6. Two working conditions selected for simulation.

Wave Frequency

Condition Velocity (m/s) Wave Height (m) (Hz)
1 0 0.23 0.56
2 1 0.15 0.56

The comparison between the vertical loads at the connection point of the support strut
and the hull obtained from numerical simulations of the aluminum model and the measured
vertical forces on the support strut during experiments is shown in Figure 11. From the
figure, it can be observed that the overall trend of the simulation results aligned well
with the experimental values, with a high degree of agreement. However, the magnitude
of the simulated loads was slightly lower than the experimental values. This could be
attributed to the fact that wave experiments were conducted in a finite water tank where
wall reflections of waves might have led to an overestimation of the experimental results.
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Additionally, the overall error for condition 1 was slightly higher than for condition 2,
which could be due to the larger wave height in condition 1, resulting in a greater difference
between the experimental and simulated values. Based on the load comparison curves in
Figure 11, it can be concluded that the numerical simulation method proposed in this paper
for the coupled response of the hull under wave slamming is effective.
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Figure 11. Comparison of experimental and numerical values of heave force. (a) Work condition 1.
(b) Work condition 2.

4.3. Effect of Structural Response for the Wedge

To analyze the effect of the inclined angle of the wedge bottom on the dynamic
response of the wedge entering the water, the inclined angle of the wedge was varied to
10°,20°, 30°, and 40°, with the wedge impacting the water surface at a speed of 10 m/s.
The slamming pressure curves at points P1, P3-P5, for different inclined angles are shown
in Figure 12. From the figure, it can be observed that except for the curve at an inclined
angle of 10°, the curves for other angles of the wedge were similar. They all show that at
the moment of contact between the wedge and the water surface, the slamming pressure
quickly reached its peak. With time, the slamming pressure at each measuring point rapidly
decreased after reaching a significant peak. A smaller inclined angle at the bottom resulted
in a larger slamming pressure, consistent with the trend of changes in the maximum
slamming pressure peak for different inclined angles, as shown in Figure 13. However, at
an inclined angle of 10°, the slamming pressure reached its peak at the moment of contact
between the wedge and the water surface, then quickly decreased, followed by a rapid
rise and fall, forming periodic variations. Periodic fluctuations were also present at an
inclined angle of 20° but with smaller amplitudes. This is due to changes in structural
characteristics caused by variations in the inclined angle of the wedge bottom. A smaller
inclined angle at the bottom resulted in a more violent water impact upon entry and made
it more difficult for air to escape, leading to periodic changes in slamming force. Conversely,
when the inclined angle was larger, water entry obstruction was reduced, resulting in lower
slamming pressure and smoother slamming curves.

Figure 13 depicts the variation curve of the maximum pressure peak of the wedge
with increasing bottom inclination angles while keeping the plate thickness (b = 5 mm),
elastic modulus (E = 2.1 x 10! Pa), and water entry velocity (v = 10 m/s) constant. From
the figure, it can be observed that as the bottom inclination angle increased, the maximum
pressure value on the wedge gradually decreased. This is because increasing the bottom
inclination angle reduced the obstruction to water entry for the structure, leading to a
decrease in the slamming pressure experienced by the structure.
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Figure 12. Comparison of slamming pressure of each point with different angles. (a) P1. (b) P3. (c) P4.
(d) P5.
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Figure 13. Comparison of maximum slamming pressure peak values of wedges under different an-

gles.

Figure 14a is the deformation displacement curve of measure points P1 to P5 on the
wedge with a bottom deadrise angle of 10°. It can be seen from the figure that when
the deadrise angle was 10°, the deformation displacement value of each measure point
had a large fluctuation. Among them, P5 and other measure points had opposite phase
differences. The closer the measuring point was to the bottom tip, the larger the deformation
displacement and fluctuation. The smaller the bottom deadrise angle of the wedge, the
greater the slamming pressure, the greater the deformation displacement, and the greater
the fluctuation of pressure value and deformation value. Figure 14b is a comparison of the
deformation displacement of P1 point on the wedge at different bottom deadrise angles. It
can be seen from the figure that the curve fluctuated greatly when the deadrise angle was
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10°, the displacement curves of each measuring point at other deadrise angles increased
with time, and the smaller the deadrise angle, the larger the peak value of displacement.
This is because when the bottom deadrise angle of the wedge was larger, the structure
had fewer obstacles to enter water, but when the deadrise angle was smaller, the wedge

was more affected by air coupling; not only did the slamming pressure increase but also
deformation fluctuations occurred easily.
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Figure 14. Deformation displacement of each measuring point at different angles. (a) g = 10°. (b) P1.

When plate thickness (b = 5 mm), modulus of elasticity (E = 2.1 x 10" Pa), and
water velocity (v = 10 m/s) remained unchanged, the bottom deadrise angle increased.
The change curve of the maximum deformation displacement of the wedge is shown in
Figure 15. It can be seen from the figure that as the deadrise angle increased, the value of
deformation displacement decreased continuously. This is because the larger the deadrise
angle, the smaller the resistance to the structure, the smaller the deformation.
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Figure 15. Comparison of maximum deformation displacement under different angles.

Figure 16 shows the stress nephogram of a wedge with a deadrise angle of 10°and a
thickness of 5 mm at different times. It can be seen from Figure 16a that when the wedge
just touched the water surface, the maximum stress was concentrated at the tip of the
wedge. It can be seen from Figure 16b,c that during the process of entering water, the stress
concentration starts to shift upward from the bottom tip, and finally appeared in the center
of the plate at the top of the wedge.
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Figure 16. Stress nephogram of a wedge with = 10°and a thickness of 5 mm at different times.
(a) t =0.001 s. (b) t = 0.0022 s. (c) t = 0.0042 s.

4.4. Effect of Structural Response for the Ship Model
The Shape of the Free Surface and the Pressure Cloud Diagram at the Moment of Impact

Figure 17 illustrates the situation before and after the slamming of the aluminum
model ship in condition 1. When the vessel floated on the waves, it experienced pitching
and heaving motions due to the periodic fluctuations of the waves. From the figure, it
can be observed that the bow of the ship tended to emerge from the water when it was
positioned in a wave trough, and a relatively large relative impact occurred when the next
wave crest arrived, leading to a slamming phenomenon. The figure mainly presents the
shapes of the free surface of the model at different times and the pressure cloud diagram
on the bottom surface of the ship. Figure 17a shows the shape of the free surface and the
pressure cloud diagram on the model surface at t = 1.48 s. At this moment, the wave crest
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was located in the middle to aft position of the model, while the bow of the model was
situated in a wave trough, with the bow surface completely emerging from the water. The
bottom pressure was concentrated in the region of the bottom surface toward the stern,
with the least pressure at the bow. Figure 17b indicates that at ¢ = 2.06 s, the stern of the
model was about to enter a wave trough, while the bow was positioned at the wave crest.
The bow of the model was subjected to wave impact, and the bow surface of the model
made full contact with the wave surface, with maximum pressure concentrated at the bow.
Figure 17c shows that at t = 2.5 s, the wave crest had moved away from the bow toward
the midship of the vessel, and the bow of the model gradually emerged from the water,
with the maximum pressure concentrated in the front part of the ship’s bottom. During this
condition, there were no significant surface deformations or wave-breaking phenomena on
the wave surface.
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66 859,36

Free surface Pressure
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Figure 17. The free surface elevation and the pressure distribution on the ship model at different
times in the case 1. (a) t =1.48s. (b) t =2.06s. (¢) t =2.5s.

As shown in Figure 18, a series of measurement points were arranged on the bottom
of the ship to detect the slamming pressure and structural deformation displacement
experienced by the ship in the waves. Point P1 was located at the top end of the bow, with
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coordinates (3.8, 0, 0.2). Points P2 and P3 were located at the bottom of the bow at the
turning point, with coordinates (3.4, 0, 0) and (3.4, -0.2, 0.026), respectively. Point P4 was
located at the bottom turning point of the stern, with coordinates (0.4, 0, 0).

Figure 18. Schematic map of measuring point position.

Figure 19 displays the pressure and velocity time history curves for different mea-
surement points during condition 1. The solid lines represent the slamming pressure
curves, while the dashed lines represent the velocity curves. The left Y-axis represents
pressure values, while the right Y-axis represents velocity values. From Figure 19, it can be
observed that both pressure and velocity curves exhibited periodic variations, reflecting
the frequent occurrence of slamming loads. Additionally, it can be noted from the figure
that the pressure amplitude at point P1 (top end of the bow) was the smallest, at 0.314
kPa, while the maximum pressure amplitude at point P2 (bottom of the bow) was 1.64
kPa. At point P3, it was 0.884 kPa, and at point P4 (bottom of the stern), it was 0.90
kPa. Slamming phenomena occurred successively at the bow and stern of the ship. The
pressure curve peaks in the figure show some attenuation, possibly due to the viscosity
and damping effects caused by the turbulence model, leading to wave height attenuation.
Moreover, the pressure curve at point P2 exhibited a sinusoidal function form, consistent
with the input of regular waves. At this point, the peaks of the slamming pressure curve
and velocity curve corresponded, indicating the correlation between slamming load and
slamming velocity. The pressure amplitude and velocity amplitude at the remaining points
had certain phase differences. Except for point P1, the pressure curves at the other points
were relatively regular. However, the pressure curve at point P1 exhibited a typical abrupt
change characteristic of slamming pressure, with a certain stable region, which is related to
the position of point P1 at the top end of the bow.
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Figure 19. Cont.
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Figure 19. Correlation curve of pressure and velocity at measuring point in case 1. (a) P1. (b) P2.
(c) P3. (d) P4.

Figure 20 shows the stress (unit: MPa) and strain cloud diagram of the model structure
at different times in condition 1.

E, Max. In-Plane Principal

, Mises
SNEG, (fraction = -1.0)
(Avg: 75%)

+2.2002+00
Haae R
+:fss i0+00 13245005
by &
+1.284e+00 +1.707e-05
+1.101e+00 +1.4382-05
et ety
+7.3502 994a-
+5.518e-01 +6.302e-06
+3.686e-01 610e-
+1.854e-01 +9.181e-07
74e- 0

Max: +3.053e-05

Max: +2.200e+00
Elem: PART-1-1.4651

Elem: PART-1-1.4651
: 6406

Min: +2.260e-03

Elem; PART-1-1.6925
rw’iq‘ws

v

stress strain

(@)

s, Mises E, Max. In-Plane Principal
SNEG, (fraction = -1,0) SNEG, (fraction = -1.0)
(Avg: 75%) (Avg: 75%)

)

+2.9092-0; 3
+2.66%-01 +3.604e-06
+2.4280-01 +3.1750-06
+2.187e-01 +2.7450-06
+1.947e-01 +2.315¢-06
+1.706e-01 +1.886e-06
+1.4660-0: 1.4562-06
+1:2250-01 +1.027e-05
+9.8432- .9692-07
+7.4370-02 +1.6720-07
+5.031e-02 2.624e-07
+2.6250-02 -6.9200-07

1830- -1:122e-06

Max: +4.034e-06

Max: +2.90%-01
Elem: PART-1-1.5815
: 7443

Elem: PART-1-1.5815
: 7443

Min: +2.183e-03 Min: -1,122e-06

Elem; PART-1-1.5465
um'iipxs

v

stress strain

(b)
Figure 20. Stress and strain nephogram. (a) t = 1.48s. (b) t =2.06 s.

Figure 20a depicts the stress and strain cloud diagram of the model at t =1.48 s. As
indicated in Figure 17 earlier, at t = 1.48 s, the aft part of the hull was positioned at the crest
of the wave, while the bow was fully emerged from the water, resulting in midship bulging.
This corresponds to large stress and strain concentrations at the bottom and sides of the
hull in Figure 20a, while stress and strain were relatively lower at the bow. Figure 20b
presents the stress and strain cloud diagram of the model at t = 2.06 s. At this moment, the
waves impacted the inclined part of the model’s bow, leading to increased stress and strain

in that region.

5. Conclusions

This study commenced with a series of controlled experiments, examining the impact
of slamming on wedge-shaped bodies with varying inclinations from different heights.
Following the empirical investigations, a comprehensive fluid—structure interaction (FSI)
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numerical model was developed. This model integrated the dynamic capabilities of STAR-
CCM+ for fluid dynamics with the structural analysis power of Abaqus, considering
the effects of structural deformations. To validate the accuracy and reliability of the
numerical model, its predictions were compared with both the outcomes of the initial
wedge-shaped body water entry experiments and existing data from ship-slamming studies
under wave conditions. The model demonstrated high efficacy in replicating observed
phenomena. Detailed analyses based on the experimental data from wedge-shaped bodies
explored how slamming pressures varied with both the inclination angle and the water
entry velocity (corresponding to different falling heights). The study yielded critical insights
into slamming loads, free surface dynamics, structural deformations, and stress—strain
responses under fluid—structure interaction conditions. The specific conclusions are as
follows:

(1) The factors predominantly influencing slamming pressure are the inclination angle
and water entry velocity, which exhibit distinct impacts under varying conditions:

(a) Inclination angle: For wedge-shaped bodies descending from a consistent
height, an increase in the inclination angle results in a notable decrease in
slamming pressure. At lower inclination angles, the dynamics of water surface
lift-off and jet formation significantly alter both the location and intensity
of the peak slamming pressure. In contrast, at higher inclination angles, the
influences of lift-off and jetting on the peak slamming pressure are considerably
diminished;

(b)  Water entry velocity: For structures with a constant inclination angle that
impact the water surface from varying heights, the increase in falling height
leads to a corresponding rise in water entry velocity. This elevation in velocity
systematically amplifies the slamming pressure exerted on the structure. This
relationship underscores the critical role of water entry velocity in determining
the slamming impact, necessitating precise measurement and consideration in
the analysis of fluid—structure interactions during high-velocity water entries.

(2) The correlation between simulated and experimental slamming pressures was strong
at inclination angles of 30° and 40°, demonstrating a high degree of model fidelity
in these scenarios. However, at the lower inclination angles of 10° and 20°, dis-
crepancies emerged between the simulated and observed peak slamming pressures.
This deviation suggests that the current simulation might not adequately capture the
dynamics of thinner water jets formed at these angles. To enhance the accuracy of
the simulations at lower inclination angles, a refinement of the computational mesh
is recommended. This adjustment would enable more precise modeling of the jet
phenomena and improve the alignment between simulated and experimental results.

(3) The relationship between the inclination angle of a wedge-shaped body and the re-
sulting slamming pressure, structural deformation, and vibration susceptibility is
inversely proportional. Specifically, a smaller inclination angle leads to an increase in
slamming pressure, which, in turn, causes more substantial structural deformation
and heightens the likelihood of vibration. At these lower inclination angles, the
position and intensity of the slamming pressure peak are significantly impacted by
phenomena such as water surface lift-off and jet formation. This observation under-
scores the critical influence of hydrodynamic behaviors on the structural response
during water entry events, necessitating detailed consideration in both experimental
setups and numerical simulations to ensure accurate predictions and robust structural
design.
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Abstract: One important parameter for evaluating the safety and reliability of a ship is o the dynamic
ultimate load capacity of ship structures. Because of the importance of this parameter, its determina-
tion is essential. In this paper, a novel “two-step” approach for determining the dynamic ultimate
load capacity of ship structures is proposed. The main idea of two-step approach is to determine the
dynamic ultimate load capacity based on the static ultimate load capacity after accounting for impacts
that cause strain on the ship structures. This approach is based on nonlinear finite element method.
Here, taking stiffened plate as a case study, the practical application of thus two-step approach is
discussed in detail. The results of this approach reveal that the static ultimate load capacity decreases
by less than 3% after a stiffened plate is subjected to an impact load whose amplitude corresponds to
the dynamic ultimate load capacity. Then, the influence of the impact duration on the failure mode
and the effect of the impact load cycles and the impact load sequence on the dynamic ultimate load
capacity of the stiffened plate were investigated. Finally, the applicability of the two-step approach to
a hull girder is demonstrated. The two-step approach and the conclusions presented in this paper
can provide guidance for the evaluation of dynamic ultimate load capacity.

Keywords: dynamic ultimate load capacity; two-step approach; failure mode; ship structures;
stiffened plate; impact load cycle; impact load sequence

1. Introduction

The ultimate load capacity of a ship is a crucial parameter for assessing its safety
and reliability and has been extensively investigated by scholars. To date, numerous
well-established methodologies have been developed to compute the static ultimate load
capacity of ship structures. Smith [1] proposed an incremental-iteration method for calcu-
lating the ultimate load capacity of a hull girder. In this method, the cross-section is divided
into different types of calculation units, each with its own specific stress—strain curve. By
gradually increasing the curvature of the cross-section, calculating the stress of each unit,
and integrating the stress of all units on the cross-section, one can obtain the bending
moment-curvature curve where the peak value of the curve is the static ultimate load
capacity of the hull girder. The curvature of the cross section refers to the angle at which the
cross section of the hull girder rotates around the neutral axis. Because of its simplicity and
high calculation accuracy, the incremental-iteration method has become a standard method
for calculating the static ultimate load capacity of hull girders in classification societies.
Tanaka et al. [2] extended the incremental-iteration method and established a method for
calculating the ultimate load capacity of ship under combined bending and torsion, consid-
ering the influence of shear stress. Ueda and Sherif [3] proposed a numerical method called
the Idealized Structural Unit Method (ISUM) for calculating the ultimate load capacity of
ship structures. The structural units in the ISUM are larger than the elements in the finite
element method (FEM), which greatly reduces the computation time [4]. Lindemann and
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Kaeding [5] used the ISUM to study the ultimate load capacity of the stiffened plates under
lateral pressure and in-plane compression. Underwood et al. [6] proposed a new ISUM
that can assess the static ultimate load capacity of damaged structures through collapse
analysis of the stiffened plates.

In recent years, with the rapid improvement in computer performance, the nonlinear
FEM has been widely used to compute the ultimate load capacity of ship structures. The
nonlinear FEM is characterized by changes in structural stiffness in the FE analysis. There
are three kinds of nonlinearity: geometric nonlinearity, material nonlinearity and boundary
nonlinearity. The term “geometric nonlinearity” mainly refers to large deformations. The
term “material nonlinearity” mainly refers to the consideration of the yield strength of
the material. The term “boundary nonlinearity” mainly refers to changes in boundary
conditions encountered during the analysis. It is common to encounter both geometric
nonlinearity and material nonlinearity when analyzing ultimate load capacity. Thus,
FE analysis is nonlinear. The ultimate load capacity of ship structures can be predicted
by empirical formulas based on the numerous results obtained by the FEM. Zhang and
Khan [7] proposed a semianalytical empirical formula and then performed numerical
simulation of stiffened plates using FEM to determine the coefficients of the empirical
formula. Kim et al. [8] proposed an empirical formula to predict the ultimate load capacity
of the stiffened plates subjected to longitudinal compression through numerical calculations
of the stiffened plates with T-bar and flat-bar stiffeners. Xu et al. [9] studied the effects of
lateral pressure and stiffener types on the collapse behavior of the stiffened plates through
nonlinear FEM and derived an empirical formula for predicting the ultimate load capacity
of the stiffened plates under the combined actions of axial compression and different levels
of lateral pressure based on the results of the numerical calculation.

In all of the above methods, the ultimate load capacity of ship structures is evaluated
under static or quasistatic conditions. However, when a ship encounters extreme conditions
such as large freak waves or underwater bubbles, the amplitude of the load on the ship
is very large and the load duration can be reduced to the order of milliseconds [10,11].
Obviously, the load on ship structures cannot be considered as a static or quasistatic load in
such situations. In particular, the incident report from MOL Comfort indicates that dynamic
loads may be one of the causes of ship structure collapse [12]. Thus, it is meaningful to
study the dynamic ultimate load capacity of ship structures. Yamada [13] studied the effect
of strain rate on the ultimate load capacity of container ships by using a half-sinusoidal
dynamic load. The numerical calculation revealed that the strain rate has a significant effect
on the ultimate load capacity and that the ultimate load capacity could be increased by
10-20% when the strain rate was considered. Jagite et al. [14] found that in calculating the
dynamic ultimate load capacity of ship structures subjected to wave loads, the effect of
strain rate can be ignored for container ships. Yang et al. [15] studied the dynamic ultimate
load capacity of rectangular plates under axial compression. These authors used the FE
results for numerous ship plates to derive an empirical formula for predicting the dynamic
ultimate compressive capacity of ship plates. Yang and Wang [16] studied the dynamic
buckling of the stiffened plates under in-plane impact loads by theoretical derivation and
considered the influence of rotational constraint stiffness on the dynamic response of the
stiffened plates. Paik [17] studied the dynamic ultimate load capacity of plates under
axial compression loads with different loading speeds. The experimental results show that
as loading speed increases, the ultimate compressive capacity of the plate also increases
gradually. Liu et al. [18] studied the dynamic failure of rectangular plates under lateral
impact via impact experiments and FE analysis. Jagite et al. [19] studied the dynamic
ultimate load capacity of the stiffened plates under axial compression and lateral load in a
parameterized way. Load values obtained by parameterization are more consistent with
those measured under real-world conditions. The limitations of the existing strain rate
model are also discussed.

The current method for determining the dynamic ultimate load capacity of ship
structures relies primarily on the concept of dynamic buckling. Ari-Gur and Simonetta [20]
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defined the dynamic failure criterion as the case in which a small increase in the dynamic
load amplitude causes a sudden increase in the dynamic response of the structure. Xiong
et al. [21] studied the dynamic ultimate compressive load capacity of the stiffened plates
based on this criterion and derived a reasonably accurate empirical formula. Yang et al. [22]
proposed a one-time thickness-deformation method for determining the dynamic ultimate
load capacity by studying a container ship’s bow. Their formula defines the dynamic
ultimate load capacity as the amplitude of the dynamic load at which the maximum
deflection of the structure is equal to one times plate thickness. Yang and Wang [16]
proposed a new formula for determining the dynamic critical buckling load. According to
this formula, when the slope of the load-displacement curve at any given point reaches
35, the corresponding load at that point is the dynamic critical buckling load. There are
other methods for determining the dynamic ultimate load capacity, but they are similar to
those already described and will not be discussed further here. However, these methods
all essentially use the deformation of the structure to determine the dynamic ultimate
load capacity. There are drawbacks to applying these methods in some cases, as will
be described below. Therefore, we hope to develop a novel method for determining the
dynamic ultimate load capacity of ship structures.

Considering the context described above, this study uses a nonlinear FEM to inves-
tigate the dynamic ultimate load capacity of the stiffened plates as one of the primary
components of ship structures. This work proposes a novel “two-step” approach to deter-
mine the dynamic load capacity of the stiffened plates based on the static ultimate load
capacity after impact. This method is theoretically applicable to a variety of ship struc-
tures. Subsequently, the failure mode of stiffened plates under impact load is discussed.
Considering that real ship structures may experience continuous impacts with different
load amplitudes, this work includes an analysis of the dynamic ultimate load capacity of
the stiffened plates subjected to continuous impact load, as well as of the influence of the
impact load cycles and impact load sequence on the dynamic ultimate load capacity of the
stiffened plate. Finally, the applicability of the two-step approach to hull girders is studied.

2. Methodology
2.1. Two-Step Approach

The dynamic ultimate load capacity of the ship structure is usually determined by
iterative methods, i.e., the duration of the dynamic load is fixed, and the maximum response
of the structure is found by increasing the amplitude of the dynamic load. The response-
amplitude curve is derived from these data, and the point on the curve where the slope
changes fastest is the dynamic ultimate load capacity of the structure [21,23].

Jagite et al. [24] defined dynamic ultimate capacity as the maximum load that can be
applied to the ship structure without causing structural collapse. When the impact duration
is large, the dynamic ultimate load capacity becomes easier to calculate by the FEM. As the
amplitude of the impact load increases, the structure begins to undergo large deformations
(as shown in Figure 1a). The dynamic effect is not obvious at this time. However, when the
duration of the impact load is relatively small, that is, when the impact duration is less than
the natural vibration period of the structure, the response-amplitude curve of the structure
is that shown in Figure 1b. Under those circumstances, the dynamic ultimate load capacity
is difficult to determine.

This paper presents a novel “two-step” method for determining the dynamic ultimate
load capacity of ship structures. The main idea of the two-step approach is to determine
the dynamic ultimate load capacity of the ship structure by using the static ultimate load
capacity after impact. After a ship structure is subjected to an impact load, the ship structure
may exhibit plastic deformation. Too large a plastic deformation will reduce the static
ultimate load capacity of the ship structure.
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Figure 1. Structural dynamic response-impact load amplitude curve. (a) Curve for when the impact
duration is large. (b) Curve for when the impact duration is relatively small.

Step 1 of the two-step approach involves calculating the dynamic response of the ship
structure under impact load, and step 2 of the two-step approach involves calculating the
static ultimate load capacity after impact. Step 1 and step 2 are continuous, and step 2
completely inherits the deformation and stress state of the structure in step 1. It should
be noted that step 2 is carried out after the dynamic response of the structure in step 1
becomes stable. The schematic diagram in Figure 2 illustrates the two-step process, using
a stiffened plate as an example. The static ultimate load capacity of the stiffened plate is
denoted as 0y, and the static ultimate load capacity after impact is ¢;, ;. In the application
of the two-step approach, it is necessary to increase the amplitude of the dynamic load for
continuous iterative calculation. In order to avoid including too many iterations, the static
ultimate load capacity after impact is used to limit the number of iterations. In the process
diagram, the static ultimate load capacity after impact cannot be less than 80% of the static
ultimate load capacity, i.e., 0, ; > 0.800. After the calculation is completed, two curves
can be obtained: the curve of the peak value of dynamic response with the dynamic load
amplitude and the curve of the static ultimate load capacity after impact with the dynamic
load amplitude. The two-step approach to determining the dynamic ultimate load capacity
will be discussed in detail in the third section.

The two-step approach uses the nonlinear FEM to determine the dynamic ultimate
load capacity of a ship structure. As a mature method, the FEM is often used for structural
analysis. The FEM for calculating the ultimate load capacity of ship structures is known
to other researchers [25,26]. The details of the FEM-based process for determining the
dynamic ultimate load capacity of a ship structure by the two-step approach are shown in
Figure 3. As a basic ship structure, stiffened plates are studied by many scholars. For this
reason, the procedures of the two-step approach and determining the dynamic ultimate
load capacity are here illustrated via an analysis of a stiffened plate. In order to demonstrate
that the two-step approach can be used to determine the dynamic ultimate load capacity of
other ship structures, a hull girder is also studied.
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Figure 2. Schematic diagram of the two-step approach.

2.2. FE Modeling of a Stiffened Plate
2.2.1. Geometric Data

Figure 4 shows the geometric properties of the stiffened plate, where x, y and z
correspond to the longitudinal, transverse and vertical directions, respectively. The
“1/2+ 1+ 1/2bay & 1/2 + 1 + 1/2 span”’ model was used in this study. According
to the recommendation of ISSC 2012, using the longitudinal range of ‘1/2 + 1 + 1/2 span’
can bring the boundary conditions of the FE model close to the boundary conditions of
a stiffened plate on a real ship, making the results of FE calculation more accurate. The
length, the width, the width between stiffeners and the thickness of the stiffened plate are
denoted as a4, B, b and tp, respectively. A diagram of the cross-section of the T-bar stiffener
is shown in Figure 5. The height and thickness of the stiffener’s web are denoted as h, and
tw, respectively. The width and thickness of the stiffener’s flange are denoted as b 7 and ¢t r
respectively. The geometric dimensions of the stiffened plate in this paper are shown in
Table 1. Three different sizes of plate thickness and stiffeners were used. The plate slender-
ness ratio is § = b/t,-\/0y/E, and the stiffener slenderness ratiois A = a/(7r) - \ /0, /E,
where r = /I/ A is the radius of gyration of the stiffener with full-width (b) plating. A is
the aero of the cross-section of the stiffener with full-width plating, and I is moment of
inertia of the stiffener with full-width plating. They are expressed as follows:
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Figure 3. Flow chart of the FEM-based two-step approach to determining dynamic ultimate load capac-
ity.

Figure 4. Geometric diagram of the stiffened plate.
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Figure 5. The cross-section of the stiffener.

Table 1. Geometric parameters of the stiffened plates.

Physical Quantity/Units Symbol Value
Plate length/mm a 2550
Plate width/mm b 850
Plate thickness/mm tp 11,13, 16
Stiffener size 1/mm hyp X bf X tw/tf 138 x 90 x 9/12
Stiffener size 2/mm hyp X bf X tw/tf 235 x 90 x 10/15
Stiffener size 3/mm hy X bf X tw/tf 383 x 100 x 12/17

2.2.2. Material Properties

The stiffened plates are made of high-tensile steel. The detailed material properties
are as follows: Young’s modulus E = 2.06 x 10°MPa, Poisson’s ratio v = 0.3, yield strength
0y = 313.6MPa and material density p = 7.85 x 10~ t/mm°. The two-step approach
requires calculation of the dynamic response of the stiffened plates and consideration
of the effect of strain rate on the yield strength of the material. The influence of strain
rate on yield strength of the material satisfies the Cowper-Symonds equation [27]. The
Cowper-Symonds equation is as follows:

e (1 ¥ (g)w> @

where 0y, is the static yield stress, 0, is the dynamic yield stress, € is the plastic strain rate,
and D and g are constant parameters related to material properties. The effect of strain
rates on materials was comprehensively summarized by Paik, based on a multitude of
experimental results [28]. As the material used in this study is high-strength steel, the
values of the constant parameters should be D = 3200 s~ ! and g = 5.

2.2.3. Initial Imperfections

The initial imperfections caused by welding of the stiffened plate include deflection of
the structure and welding residual stress, which reduce the ultimate load capacity of the
structure. Because the residual stress has little effect on the ultimate load capacity of the
stiffened plate [29-31], only the initial deflection of the stiffened plate was considered in
the study. According to ISSC 2012 [32], three types of initial deflections were considered in
this study: local deflection of the plate, overall deflection and tripping of the stiffener. The
specific expressions are as follows:
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The local deflection of plate, wy,;:

Y sin 7Y 3)

mrt
w,; = Apgsin
pl 0 b

where m is the number of longitudinal buckling half-wave of the local plate and m is the
minimum integer that satisfies the following criterion:

<y /m(m+1) (4)

[Nl IRS

Ay is the deflection amplitude of the local plate. Smith et al. [33] summarized the
amplitudes of initial deflection and divided them into three types:

0.0258%t, for slight level
Ay =401 [Sztp for average level (5)
0.3B%t, for severe level

The average level of initial deflection is used in this study.
The overall deflection, w,:

L TTX T
w, = By sin Ve sin ?y 6)
The tripping of the stiffener, w;:
z . TX
ws = COE sim 7 (7)

where By and Cy are the amplitude of overall deflection and tripping of the stiffener, both
of which were set to 0.00154.
The three types of initial deflection of the stiffened plate are shown in Figure 6.

(@ (b) (c)
Figure 6. Initial geometric imperfections. (a) local deflection of plate. (b) overall deflection. (c) trip-
ping of the stiffener.

2.2.4. Applied Loads and Boundary Conditions

The boundary conditions were based on ISSC 2012 [29]. The transverse frames and
longitudinal girders were regarded as constraints and, for simplicity, were not included
in the FE model of the stiffened plate, as shown in Figure 7. According to the func-
tion for the structure, the transverse frame intersection of C-C’ and B-B’ should restrict
the z-direction displacement of plate nodes and the y-direction displacement of the stiff-
ener nodes. The longitudinal girder intersection of A’-D’ and A”-D” should restrict the
z-direction displacement of the plate nodes. The detailed boundary conditions of the
stiffened plate are shown in Table 2.
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Am

Figure 7. Schematic diagram of the simplified stiffened plate and coordinate system.

Table 2. Boundary conditions.

Location Boundary Conditions
A—A"and D-D" Ry = R; = 0 and U, = uniform
A—Dand A" — D" Ry = R; = 0and U, = uniform
Ar—Dr, A" —-D",B—Brand C — Cs U, = 0 at plate nodes, U, = 0 at stiffener nodes

The axial impact load can be simplified as a force load, and it can be described by a
half-sinusoidal function. The amplitude curve of the impact load is given by

P(t) = Pmax sin(?j) (8)

where Prax is the maximum value of the impact load and Ty is the duration of the impact
load. The curve of the impact load is shown in Figure 8.

4
P()

P(y) =P, sin(z/T,)

max

Figure 8. The curve of the impact load over time.
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2.2.5. Non-Linear FE Modeling

The numerical calculations in this study were conducted in Abaqus 2021. In the
process of numerical calculation, Dynamic-Implicit was used in step 1, and Static-General
was used in step 2. The element type of FE model is S4R, which is a four-node, double-
curved shell. Each node of the element has six degrees of freedom. An FE model of a
typical stiffened plate is shown in Figure 9. The nodes at both ends are connected with the
corresponding reference points by equation constraints to ensure that the displacements
of the reference points and the nodes at both ends are equal in the x direction. In step 1,
dynamic impact loads were applied to the reference points; in step 2, forced displacements
were applied to the reference points.

Figure 9. FE model of a typical stiffened plate.

3. Numerical Results and Discussion

The purpose of this study is to propose a new method for determining the dynamic
ultimate load capacity of ship structures. In order to make this method more universal,
five different sizes of the stiffened panels were designed according to Table 1, as shown in
Table 3. Zhang and Khan [34] found that the plate slenderness ratio f ranges from 1.0 to
4.5 and that the stiffener slenderness ratio A ranges from 0.15 to 0.95 on ship structures. As
shown in Table 3, the range of A and f3 in the designed model are both within the range
reported by Zhang and Khan.

Table 3. Calculation model parameters.

Thickness of Size of the The Plate The Stiffener
Model the Plate . Slenderness Ratio Slenderness Ratio
Stiffener
(mm) B A
Model 1 11 Size 1 3.02 0.65
Model 2 11 Size 2 3.02 0.36
Model 3 11 Size 3 3.02 0.21
Model 4 13 Size 2 2.55 0.38
Model 5 16 Size 2 2.07 0.40

3.1. Static Ultimate Load Capacity Results

Before calculating the dynamic ultimate load capacity, the static ultimate load capacity
and the first-order vibration period of each model were calculated first. The impact load
is determined by the impact duration and the impact load amplitude. Therefore, the
static ultimate load capacity 0,0 and the first-order vibration period T can be used as the
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reference values for the amplitude of the impact load and the impact duration, respectively.
Then, the nondimensional impact load amplitude and the nondimensional impact duration
can be defined as Pmax /0,0 and T,/ Ty, respectively.

The accuracy of FEM can be verified by comparing the FE results with those of
empirical formula, as discussed by Xiong et al. [21]. The results for static ultimate load
capacity were verified by comparison with the empirical formula derived by Xu et al. [9].
This formula is relatively accurate for predicting the static ultimate load capacity of T-bar
stiffened plates. The empirical formula is as follows:

% _ ! ©)
%y \/ (3.555 —3.577\ — 3.4248 + 0.999)\p + 4.373A% + 1.812/32>

—0.22A2B% — 2.584)% — 0.2778% + 0.017A38 + 0.458A4

The results for static ultimate load capacity of FEM, along with the empirical formula
and errors, are shown in Table 4. All error values are within 10%. The maximum error is
6.41%. Xiong et al. [21] compared the static ultimate load capacity obtained by FEM and
the empirical formula. In that study, the maximum error was 7.14%, and all errors were
within 10%. Thus, the results of the FEM calculation in this study are sufficiently precise.

Table 4. The results for static ultimate load capacity from FEM and the empirical formula, with errors.

Model FEM Empirical Formula Error
Model 1 0.61 0.65 5.84%
Model 2 0.64 0.68 5.08%
Model 3 0.67 0.69 3.35%
Model 4 0.67 0.71 4.96%
Model 5 0.73 0.78 6.41%

3.2. The Determination Criterion of the Dynamic Ultimate Load Capacity

The dynamic ultimate load capacity of each stiffened plate model was computed based
on the first vibration period, considering 5 different impact durations: 0.2Ty, 0.5T, Ty, 2Ty
and 5Tj. According to the calculation procedure of the two-step approach, the maximum
value of the dynamic response of the stiffened plate was recorded in step 1, and then the
static ultimate load capacity after impact was recorded in step 2. The peak value of the
dynamic response is the maximum axial displacement of the loaded edge, i.e., #max. The
maximum axial displacement of the stiffened plate under static ultimate load capacity is
Ustatic- Thus, the nondimensional maximum axial displacement is defined as umax/ Ustatic-
The static ultimate load capacity of the stiffened plate after impact is denoted as o, ;. The
nondimensional static ultimate load capacity after impact is defined as o, ;/0y,.

Model 3 was taken as an example to illustrate the calculation process in the two-step
approach. The process of applying the two-step approach is similar to that used for other
models. When the impact duration T; = Ty, the results obtained by using the two-step
approach are shown in Figure 10. The axial displacement of the stiffened plate over time
subjected to impact loads with different amplitudes in step 1 is shown in Figure 10a. The
axial displacement of the loaded edge can also be called “end shortening”. As shown in
the figure, the stiffened plate vibrates after impact and then tends to stabilize. As load
amplitude increases, the maximum axial displacement also increases gradually. When
Pmax/ 0,0 = 1.0, the stiffened plate undergoes almost no plastic deformation after impact.
However, when Pmax/0y0 > 1.0, the stiffened plate undergoes plastic deformation, and
as the impact load amplitude increases, the plastic deformation of the stiffened plate
increases gradually.
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Figure 10. Calculation results from the two-step approach for Model 3. (a) The axial displacement
over time under impact loads of different amplitudes with T;/ Ty = 1.0 in step 1 (b) The compressive
load over time after impacts of different amplitudes in step 2.

When the vibration of the stiffened plate becomes stable, the calculation in step 1 ends.
The calculation in step 2 then begins, and forced displacement is applied at both ends
of the stiffened plate to calculate the static ultimate load capacity. Figure 10b shows the
compression load of the stiffened plate over time after impacts of different amplitudes.
Note that step 1 was carried out in Dynamic-Implicit, with a total calculation time of 0.3 s,
which is the real time. By contrast, step 2 was carried out in Static-General; in this step, the
time is not real and defaults to 1 s. The maximum compressive load is the static ultimate
load capacity after impact. It shown in Figure 10b that when Pmax /00 = 1.0, 1.1, 1.15,
the static ultimate load capacity after impact 0, ; does not decrease and is equal to the
static ultimate load capacity 0,0. However, when Pnax/0,0 = 1.1, 1.15, the structure
undergoes plastic deformation, which indicates that low levels of plastic deformation have
no influence on the static ultimate load capacity of the stiffened plates. As the impact load
amplitude increases, the static ultimate load capacity after impact decreases obviously at
Prmax/0yo = 1.2.

The curve of the nondimensional maximum axial displacement versus nondimen-
sional load amplitude and the curve of nondimensional static ultimate load capacity after
impact versus nondimensional load amplitude from Model 3 can be obtained by gradually,
iteratively increasing the amplitude of the impact load for each impact duration. The results
are shown in Figure 11.

By observing the trend in the maximum axial displacement versus the impact load
amplitude in Figure 11a, we find that the maximum axial displacement gradually increases
as the impact load amplitude increases and that the slope of the curve increases continu-
ously. However, it shown in Figure 11b that the static ultimate load capacity after impact
eventually stabilizes as the impact load amplitude increases, i.e., the static ultimate load
capacity will not decrease after impact. Then, as the amplitude of the impact load continues
to increase, the static ultimate load capacity after impact begins to decrease. The slope of
the curve in Figure 11b is close to zero at the beginning, then begins to decrease; eventually,
the slope becomes almost constant.

Therefore, we can find a point on the curve after which the slope of the curve remains
constant, i.e., where the second derivative is 0, and define Pnax /0y of the point as the
dynamic ultimate load capacity. The dynamic ultimate load capacity is denoted as ¢,5.
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Figure 11. Calculation results from Model 3. (a) The nondimensional maximum axial displacement
versus nondimensional load amplitude under impacts of different durations. (b) The nondimensional
static ultimate load capacity after impact versus nondimensional load amplitude.

According to the above-described method of determining dynamic ultimate load
capacity, the dynamic ultimate load capacity of Model 3 under different impact durations
can be obtained, as shown in Table 5. The percentage reduction of static ultimate load
capacity after impact is given in the table. After the stiffened plate is subjected to the
impact load whose amplitude is the dynamic ultimate load capacity, its static ultimate load
capacity is reduced by 1.4-2.9%.

Table 5. Dynamic ultimate load capacity and percentage reduction in static ultimate load capacity
after impacts of different durations in Model 3.

T4/Ty Tudl ouo (o'u_i —oy)l oy
0.2 15 2.9%
0.5 1.18 1.9%
1.0 1.19 2.8%
2.0 1.14 2.6%
5.0 1.095 1.4%

3.3. Dynamic Ultimate Load Capacity of Stiffened Plates

According to the procedure of the two-step approach, the calculation results from the
other models are shown in Figure 12. The dynamic ultimate load capacity of each model
under different impact durations is shown in Figure 13. As the impact duration increases,
the dynamic ultimate load capacity of the stiffened plate gradually decreases. By observing
the calculation results of Model 1 in Figure 13, we find that the dynamic ultimate load
capacity is obviously smaller when T;/Ty = 0.5. Moreover, we observe the curve of the
nondimensional maximum axial displacement versus nondimensional load amplitude of
the stiffened plate in Figure 12a, and we find that the nondimensional maximum axial
displacement corresponding to T; /Ty = 0.5 is the largest when Pmax/0y0 < 1.1. The cause
of this phenomenon may be that higher-order deformation modes are activated under short
impact duration. Figure 14 shows the displacement distribution at dynamic ultimate state
of Model 1 with T; = 0.5Tj and the vibration mode with 103.36 Hz. As shown in Figure 14,
the displacement distribution and vibration mode of the stiffened plate are similar. And
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the vibration period is about 0.48T) when frequency is equal to 103.36 Hz, which is close to
the impact duration T; = 0.5Tj. Therefore, when T;/ Ty = 0.5, the impact load activates
the high-order vibration mode of the stiffened plate, causing the resonance of the stiffened
plate, thus the axial displacement of the stiffened plate increases significantly.

Table 6 shows the percentage reduction of static ultimate load capacity after impacts
of different duration. The static ultimate load capacity of after impact all models is reduced
by no more than 3%. It indicates that the static ultimate load capacity of the stiffened
plate will decrease slightly when the stiffened plate is subjected to the impact load whose
amplitude is the dynamic ultimate load capacity. We propose another method to determine
the dynamic ultimate load capacity, that is, the static ultimate load capacity is reduced by
3% after the structure is subjected to the impact load, then the amplitude of this impact
load is the dynamic ultimate load capacity. This method is suitable for the case where ship
structures are subjected to impact loads of complex shapes.
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Figure 14. (a) Displacement distribution diagram for the dynamic ultimate state of Model 1 when
T;/Ty = 0.5. (b) The vibration mode of Model 1 with 103.36 Hz.

Table 6. The percentage reduction of static ultimate load capacity after impacts of different durations.

T,;/Ty Model 1 Model 2 Model 3 Model 4 Model 5
0.2 2.1% 1.7% 2.9% 1.7% 2.4%
0.5 1.2% 1.4% 1.9% 1.7% 2.4%

1 1.6% 1.0% 2.8% 1.6% 2.9%
2 1.4% 1.7% 2.6% 2.0% 1.6%
5 1.1% 1.5% 1.4% 1.0% 2.1%

3.4. Dynamic Failure Mode of Stiffened Plates

The failure mode of the stiffened plate can be divided into 6 types [34], as follows:
mode I, overall failure mode; mode II, failure of the local plate between stiffeners; mode III,
beam-column-type failure of the stiffeners with the attached plate; mode IV, local buckling
of the stiffener web; mode V, tripping of the stiffener; mode VI, overall yielding of the
stiffened plate. When stiffened plates are subjected to dynamic impact loads, the failure
mode will change.

Figure 15 shows the stress diagram of Model 1 in the ultimate state. As shown in
Figure 15a—e, the failure mode of the stiffened plate at the dynamic ultimate state changes
as the impact duration increases. The failure mode of the stiffened plate is mainly failure of
the local plate (mode II) when T;/Tp = 0.2. The deformation of the stiffener is relatively
small. As the impact duration increases, both the tripping of the stiffener and the failure
mode of the local plate arise when T,/ Ty = 0.5, 1.0, i.e., the failure modes are mainly mode
IT and mode V. The beam-column-type failure of the stiffened plate (mode III) is the main
failure mode when T;/Ty = 5.0. In addition, the failure mode at this time is the same as
the static failure mode of the stiffened plate in Figure 15f.

Figure 16 shows the stress diagram of Model 3 in the ultimate state. It can also be seen
from Figure 16a—e that as the dynamic impact duration increases, the failure mode of the
stiffened plate changes. The failure mode of the stiffened plate is mainly failure of local
plate (mode II) when T,; /Ty = 0.2. The deformation of the stiffener is very small. when
T;/Ty = 0.5,1.0, the stiffener deformation increases, several half waves appear and the
main failure modes are mode II and mode V. When T;/ Ty = 2.0,5.0, the tripping of the
stiffener (mode V) is the main failure mode. The failure mode in T; /Ty = 5.0 is the same as
the static failure mode of the stiffened plate in Figure 16f.
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Figure 16. The diagram of deformation and stress distributions of Model 3 in the ultimate state.
(a) Td/TO = 0.2. (b) Td/TO = 0.5. (C) Td/TO = 1.0. (d) Td/TO = 2.0. (e) Td/TO = 5.0. (f) static
ultimate state.

In summary, the impact duration can affect the dynamic failure mode of the stiffened
plate. The dynamic failure mode of the stiffened plate for T; /Ty = 5.0 is the same as the
static failure mode.

3.5. Effect of the Number of Impact Load Cycles on Dynamic Ultimate Load Capacity

Figure 17 shows the schematic diagram of the impact load cycles: one cycle, two
cycles and three cycles. Using the two-step approach, the dynamic ultimate load capacity
of Model 2 under different numbers of impact load cycles is calculated when T; = Tp.
Figure 18 shows the calculation results obtained by the two-step approach. As shown
in Figure 18a, the greater the number of impact cycles, the larger the maximum axial
displacement of the stiffened plate under an impact load of the same amplitude. This effect
occurs because the greater the number of impacts, the larger the load impulse applied to the
stiffened plate and the larger the maximum axial displacement. Based on the results shown
in Figure 18b, the dynamic ultimate load capacity under one impact, two impacts and
three impacts can be determined as 1.18¢,, 1.160,¢ and 1.120,, respectively. Therefore,
the dynamic ultimate load capacity decreases as the number of impact cycles increases.

P(1) P()

P

‘max

Ty ‘ T T ‘ £ Ty Ty
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Figure 17. Schematic diagram of the impact load cycles. (a) one cycle. (b) two cycles. (c) three cycles.
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Figure 18. Calculation results of two-step approach under different numbers of impact load cycles.
(a) The nondimensional maximum axial displacement versus nondimensional load amplitude. (b) The
nondimensional static ultimate load capacity after impact versus nondimensional load amplitude.

3.6. Effect of the Impact Load Sequence on Dynamic Ultimate Load Capacity

Real ship structures may be subjected to continuous impact loads with different
amplitudes. Therefore, it is meaningful to study the dynamic ultimate load capacity of ship
structures under continuous impact. We assume that the stiffened plate is impacted three
times continuously, each time with different amplitudes. As shown in Figure 19, there are a
total of six different sequences of the impact load s. The duration of each impact is denoted
as T;. The three amplitudes of the impact load are 0.4Pmax, 0.6Pmax and Pmax, respectively.
For ease of recording, the sequence of the impact load s is written as 1, 2, 3. For example,
the sequence of the impact load amplitudes in Figure 19a is 0.4Pmax, 0.6 Pmax, Pmax, which
can be denoted as “A-123".

With Model 2 as the case study and static ultimate load capacity as the reference
value, the dynamic ultimate load capacity is calculated by using the two-step approach
when T; = Tj. The calculation results are shown in Figure 20. As higher-order modes
may be activated, as observed in the course of continuous impacts, the curve of the
nondimensional static ultimate load capacity after impact versus nondimensional impact
load impact becomes non-smooth. The dynamic ultimate load capacity is derived from the
percentage reduction in the static ultimate load capacity after the impact. According to the
above discussion, the static ultimate load capacity after impact cannot be reduced by more
than 3%, so we have chosen 3% reduction the criterion for determining the dynamic load
capacity. Thus, results for different impact load sequences can be obtained, as shown in
Table 7. The 3% reduction is based on the nondimensional results from the five models
of stiffened plates under five different impact times. Therefore, it is reasonable to take a
3% reduction as the criterion for determining the dynamic ultimate load capacity. When
the last impact load is the one with the highest amplitude, i.e., when the load sequence is
“A-123", the dynamic ultimate load capacity of the stiffened plate is the smallest. Because
the stiffened plate has been subjected to two impact loads with different amplitudes and
then subjected to an impact load with a higher amplitude, the deformation and plastic
region of the stiffened plate will be significantly larger than in other cases, reducing the
dynamic ultimate load capacity. For comparison, when the load sequence is “A-321", the
highest-amplitude load occurs first. After that impact, the smaller loads are not able to
expand the plastic region further. Additionally, plastic regions have already been generated
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when the smaller loads occur, resulting in smaller deformations and a greater ultimate load

capacity.
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Figure 19. Shapes of continuous impact loads. (a) A-123. (b) A-132. (c) A-213. (d) A-231. (e) A-312.
(f) A-321.
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Figure 20. Calculation results of two-step approach under different load sequences. (a) The nondimen-
sional maximum axial displacement versus nondimensional load amplitude. (b) The nondimensional
static ultimate load capacity after impact versus nondimensional load amplitude.
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Table 7. The dynamic ultimate load capacity of Model 1 under different load sequences.

Load Sequence Tual Tuo
A-321 1.185
A-312 1.185
A-231 1.147
A-213 1.147
A-132 1.17
A-123 1.14

3.7. Application of the Two-Step Approach to a Hull Girder

In order to illustrate the applicability of the two-step approach to other ship structures,
the two-step approach was used to calculate the dynamic ultimate load capacity of a hull
girder. Figure 21 shows the schematic diagram of a single-frame model of a container-ship
hull girder. The two reference points (RP-1 and RP-2) and all nodes at both ends of the
model are coupled by coupling constraints. Both the boundary conditions and the impact
bending moment are applied to the reference points. One end of the model is fixed, and
the other end is subjected to impact bending moments. The shape of the impact bending
moment is also half-sinusoidal, as shown in Figure 8. According to the natural vibration
period of the single-frame model, T; = 0.05s is selected as the calculation case and the
dynamic ultimate load capacity of the hull girder in the sagging state is calculated.

|RP-2 Impact

? M bending
X moment

z X

Figure 21. Schematic diagram of the single-frame model.

The procedure for calculating the dynamic ultimate load capacity of the hull girder by
the two-step approach is similar to that used for the stiffened plates. First, the static ultimate
load capacity M,y and the static ultimate rotation angle URg,yi. of the hull girder are
calculated. Thus, the nondimensional maximum dynamic response of the hull girder (the
rotation angle of the cross section of the hull girder during impact.) and nondimensional
amplitude of the impact bending moment can be defined as URmax/URstatic and Pmax/ My,
respectively. The static ultimate load capacity of the hull girder after impact is denoted
as M, ;.
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URma,\/ URsra/ic

Figure 22 shows the results of calculating the dynamic ultimate load capacity of the
hull girder by the two-step approach. From the trend shown by the curve in Figure 22b, it
can be determined that the dynamic ultimate load capacity when T; = 0.05 s is 1.18 M,
and that the static ultimate load capacity after the impact is reduced by 5%. In practice,
ship designers can determine the percentage reduction in static ultimate load capacity
after impact (e.g., 8% or 10%) according to their experience and needs. Therefore, the
two-step approach can also be used to determine the dynamic ultimate load capacity of the
hull girder.
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Figure 22. Calculation results from the two-step approach with T; = 0.05 s. (a) The nondimensional
maximum dynamic response versus nondimensional amplitude of the impact bending moment.
(b) The nondimensional static ultimate load capacity after impact versus the nondimensional ampli-
tude of the impact bending moment.

4. Conclusions

This study proposes a novel “two-step” approach for determining the dynamic ul-
timate load capacity. Taking a stiffened plate as a case study, the nonlinear FEM-based
two-step approach is discussed in detail. Moreover, the applicability of the two-step ap-
proach to a hull girder is verified. The main conclusions of this study are summarized
as follows:

(1) A criterion for the evaluation of the dynamic ultimate load capacity of ship struc-
tures is proposed in this paper based on the curve of nondimensional static ultimate load
capacity after impact versus nondimensional impact load amplitude. These data can yield
a reasonable determination of dynamic ultimate load capacity.

(2) The high-order deformation modes will be activated when T;/Tp < 1. Then, the
deformation of the stiffened plate will increase and the dynamic ultimate load capacity of
the stiffened plate will decrease.

(3) The static ultimate load capacity after the stiffened plate is subjected to an impact
load whose amplitude is the dynamic ultimate load capacity is reduced by less than 3%.

(4) The failure mode of the stiffened plate will change as the impact duration changes.
When T,; /Ty = 5.0, the dynamic failure mode of the stiffened plate is the same as the static
failure mode.

(5) The dynamic ultimate load capacity of the stiffened plate decreases as the number
of impact cycles increases, while the impact duration remains constant.

(6) When the impact load with the highest amplitude is the last in the load sequence,
the dynamic ultimate load capacity of the stiffened plate is the smallest; when the impact
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load with the highest amplitude is first in the load sequence, the dynamic ultimate load
capacity of the stiffened plate is the greatest.
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Abstract: Plated grillage with combined openings was susceptible to complex failure behaviors as
the main load-bearing structure of the superstructure on passenger ships subjected to deck loads.
Additionally, the deformation and stresses generated during the welding of the plated grillage
complicated the prediction of its failure behavior. In this case, a new partitioned inherent strain
method and nonlinear finite element method were used to simulate the welding and loading process,
and experiments were designed and carried out to make comparisons, unveiling the influence
regulations between the failure behavior of the structure and the loading condition, the initial
welding state. This research on the failure mode analysis of plated grillages could provide references
for the optimization of the structural form of plated grillages and the cargo loading scheme on the
deck of a real ship.

Keywords: combined opening plated grillage; initial welding state; ultimate bending strength;
failure behavior

1. Introduction

Large passenger ships are usually composed of multideck plated grillage structures
constructed from welded and assembled plates and sections. Differing from conventional
ships, to meet the requirements of dense pipeline and cable arrangement as well as accom-
modation layout, the plated grillage is structured with a large span, high stiffener web
height, and dense openings [1,2]. In addition, to reduce the weight, the plated grillage in
the accommodation area is made of numerous thin plates, causing significant deformation
during the welding process [3]. Structural specializations and welding deformations make
the deformation behavior of such plated grillage structures complicated when subjected to
vertical loads. Therefore, it is necessary to investigate the ultimate load-bearing capacity
and deformation characteristics of welded combined opening plated grillage under deck
load, taking into account the welding deformation and stress.

To investigate behaviors of the opening plate and girders, related scholars have
made numerous explorations. For opening plates, Brown [4] first solved for the stress
distribution around the perimeter of the opening using the conjugate load analysis method
and investigated the effect of different opening shapes [5,6]. Later, with the evolution of
computer hardware and the iteration of algorithms, finite element calculation methods
were widely used. Shanmugam, Paik, and other scholars investigated the effects of opening
shape, size, location, and loading method on the deformation behavior and ultimate load-
bearing capacity with the aid of FEM, and summarized the designing equations [7-12]. As
for the experiment, Saad-Eldden systematically investigated the effects of opening shape,
size, reinforcement measure, cracking, and material corrosion on structural load-bearing
capacity, and found that when the opening size is constant, small-size dense openings could
alleviate the localized failure phenomenon occurring in large-size sparse openings [13-18].

For the structural and more complex combined opening girders, scholars mostly used
finite element simulation and experimental methods to explore deformation regulations
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and load-bearing characteristics. Sun et al. [19-21] used the FEM to investigate the failure
modes of opening girders made of concrete under torsion, bending, and shear loads, and
gave the corresponding reinforcement measures. Wang et al. [22] investigated the load-
bearing capacity of steel hexagonal opening girders under vertical shear loads, revealing
the deformation characteristics. As for the experiments, Zirakian et al. [23] carried out
a load-bearing capacity experiment on hexagonal opening girders, compared the results
with the Trahair formula [24], and gave suggestions for improvements for the formula
generalization. Zhao et al. [2,25] designed an experimental device to carry out the ultimate
load-bearing capacity of a ship’s opening girder structure under the combination of axial
and vertical loads, and suggested adding a guard plate around the opening to improve the
capacity of the opening region.

For marine combined opening plated grillage, owing to the structural complexity,
most investigations were still based on the finite element method. Li et al. [26] took the
opening plated grillage on a ro-ro ship as a research object, and used the FEM to explore
the influence regulations of the openings on the overall and local strength of the plated
grillage, and provided suggestions for the optimization of the structure. Gan et al. [27]
analyzed the effects of the initial defects and framing specifications on the ultimate bearing
capacity of the opening plated grillage under longitudinal compression loads, combining
the classical reinforced plate theory and the nonlinear finite element method. As for the
experiments, Liu et al. [28,29] conducted the design of the loading device to investigate the
failure behavior of the passenger ship opening plated grillage under axial compression
loads, revealing the influence regulations of the initial defects, opening sizes, and some
other parameters.

In the above-mentioned literature, there are relatively few experimental investigations
on the ultimate load-bearing capacity of high stiffener web plated grillage with combined
openings. For loading conditions, the action of the axial compression load was mainly
considered, and little consideration was given to the deck bending load. In addition,
regardless of the research on girders or plated grillages, most of the considerations for
the initial welding state in the simulation were still based on empirical formulas, and the
experiments were still dominated by corrective elimination. However, the passenger ship’s
plated grillage uses a large number of thin plates, which are prone to distinct deformation
at the welding joint. Due to the difference in welding parameters, the deformation and
residual stress values also differ greatly [30]. The use of empirical formulas to impose
a homogenized initial defect does not reflect the detailed manufacturing process and is
subjected to large errors. While using the inherent strain method, the deformation of
the plated grillage can be accurately and efficiently predicted considering the welding
parameters. Zhou et al. [31-34] used this approach to perform a deformation prediction of
offshore platform blocks and gave process optimization measures. Therefore, the welding
deformation and stress of the plated grillage can be predicted using the inherent strain
method and used as the initial state for the simulation of the failure behavior to improve
the accuracy of the numerical simulation.

In this study, the load-bearing capacity and failure behavior of combined opening
plated grillage were investigated using numerical simulations combined with static experi-
ments. An inhomogeneous inherent strain method was used to predict the initial stresses
and deformations of the plated grillage, as an initial state to study the effect of the initial
welding state on the failure behavior of the structure. Finally, the ultimate load-bearing ca-
pacity as well as the failure behavior were investigated via experimental methods combined
with simulated results.

2. Specimens

To satisfy the demand for space arrangement in the theater area of the large passenger
ship, a large-span combined opening plated grillage is used in conjunction with a pillar
to achieve structural support. The plated grillage between the two longitudinal girders
in this region was selected as the object to investigate its failure behavior under deck
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vertical loads. The plated grillage was assembled and welded from longitudinal girders
and stringers, transverses, and plates. The location of the plated grillage on the actual
ship was shown in Figure 1. Referring to the existing research findings [28,29] and the site
equipment conditions, the geometric and plate thickness scaling ratios were determined
to be 1:4 and 1:2, respectively. The dimensions of the plated grillage and the parts were
shown in Figure 2.

Rib

Transverse

Longitudinal girder

Figure 1. Schematic diagram of the plated grillage structure.

1000 mm 1000mm

205 mm

Figure 2. Diagram of the plated grillage dimensions (mm).

3. Simulation and Measurement of Initial Welding State

To better investigate the effect of the initial welding state in the manufacturing on the
failure behavior of the structure, an inhomogeneous inherent strain method was used in
this section to simulate the deformation and stress of the plated grillage concerning the
actual manufacturing process. The deformation values of the measured points on the deck
surface obtained from the simulation were compared with the measured values to verify
the accuracy of the numerical simulation.

3.1. The Actual Manufacturing Technique

The plated grillage was assembled and welded from an AH36 mild steel of 5 mm.

For the welding process, the structure was welded using CO; gas-shielded welding. The
equipment used was an inverter-type semi-automatic CO,/MAG arc welding machine
with a gas flow rate of 15-20 L/min. The wire used was YC-YJ502 (Q) flux-cored wire with
a wire diameter of 1.2 mm. Due to the thin plate thickness, no bevels were needed before
welding. Welding joints were formed in one pass, with no need for multiple welds. The
weld was first completed on one side of the T connection, then the torch was flipped over

to the other side of the welding joint, followed by flipping the torch to weld the other side.

The current, voltage, and welding speed for the two welds were shown in Table 1. For the
welding sequence, the welding of the stringers with the plate was performed first, followed
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by the welding of the longitudinal girders with the plate, and finally the welding of the
transverse with the plate. The welding sequence was shown in Figure 3.

Table 1. Table of welding parameters.

No. Current (A) Voltage (V) Velocity (mm/s)
1 142-155 22-25 6.2
2 138-147 20-22 6.1

X ¥
Figure 3. Diagram of the welding sequence.

3.2. Simulation of the Deformation and Stress of the Plated Grillage

Referring to actual welding data, the inherent deformation of the T connection was
evaluated using the thermo-elastic-plastic finite element method. On this basis, the welding
joint of the plated grillage was divided into parts, and the inherent deformation was applied
to obtain the overall deformation and stress distribution.

3.2.1. Calculation Method

Welding of the steel is a process of melting and re-solidification at the atomic level [33].
During the welding process, the presence of a large temperature gradient between the
weld region and surrounding base material leads to an uneven distribution of residual
plastic strain, which leads to the bending moment and out-of-plane welding deformation
of the structure.

Currently, the two main finite element simulation methods for the welding process
are the thermo-elastic-plastic finite element method and the inherent strain method. In this
case, the thermo-elastic-plastic element method is first used to calculate the thermal loads
applied to the mesh nodes from the heat source employing heat transfer and heat radiation.
Subsequently, the mesh nodes on the structure are subjected to thermal loads generating
displacements so that the stresses and deformations of the structure can be evaluated from
the material’s intrinsic relationship. This method can evaluate the stress and deformation
of each mesh node throughout the welding process, but it is computationally expensive
and takes a long time to compute for large structures [35].

To realize the rapid prediction of deformation and stress in large structures, Ueda
et al. [36] conducted a series of experiments and theoretical derivations, and proposed an
analysis method based on inherent strain, i.e., it is considered that the inherent strain is the
fundamental cause of welding deformation and residual stress. Inherent strains "7

94



J. Mar. Sci. Eng. 2024, 12, 295

include thermal stress efhermal plastic strains gblastic, creep strains €/, and transformation
strains g!"ansformation a5 shown in Equation (1).

8znherem‘ _ ethermul + 8]alastzc 4 gereep 4 etmnsformatzon 1)

Since thermal strains disappear when the structure is cooled, and creep and transfor-
mation strains occur in small quantities compared to plastic strains, it is approximated
in the calculations that the inherent strains are equal to the plastic strains. And due to
the inhomogeneity of the plastic strain distribution, some simplifications are made in
engineering applications. Due to the long length of the welding joint, the end effect is
usually ignored, and the welding joint region is sectioned into separate areas to apply the
inherent deformation to simulate the stresses and deformations generated in the whole
structure [37]. During the finite element simulation, the strain can be converted to a thermal
expansion coefficient according to Equation (2). The calculation of structural deformation
and stress can be achieved by applying a unit temperature difference to the region of the
welding joint where the inherent strain needs to be applied.

er =a-AT 2)

where, e is the inherent strain value, « is the thermal expansion coefficient, and AT is the
unit temperature difference.

3.2.2. Calculation of the Inherent Deformation Data of Joints

The solid element model of the T joint was established, with a length and width of
400 mm, and a height of 250 mm. The height of the weld foot was 3 mm. The melt pool
region was mesh-encrypted, and the number of elements and nodes were 24,950 and 34,218,
respectively. The boundary conditions were set, as shown in Figure 4.

Boundary
Condition

e i e B e

Figure 4. Diagram of solid element model of the T joint.

Based on the completion of the above setup and recorded actual welding parame-
ters (as Table 1), the thermo-elastic-plastic finite element calculation of the T-joint was
performed. In this section, the sequential coupling calculation method was adopted, i.e.,
the temperature field calculation was carried out first, and the stress and deformation
of the joint were obtained by applying the temperature load to the mesh nodes after the
calculation was completed. The material parameters of AH36 were shown in Figure 5.

For the computed temperature, the maximum temperature of the joint was 2075 °C.
As was shown in Figure 6, the region where the temperature was higher than the melting
point of the steel was essentially the same as the geometry of the melt pool. Then, the
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temperature load was applied to the structure and the computed deformation as well as
plastic strain distribution was shown in Figures 7 and 8. In Figures 7 and 8, NT11 is the
nodal temperature (°C), U is the deformation (mm), and PE11, PE22, and PE33 are the
plastic strains in the X, y, and z directions, respectively.

—#— Thermal Conductivity (x10*W/(M*°C))
—e— Specific Heat (x10°J/KG*°C)

—&—Heat Transfer (x10°W/(M?*°C))

—v— Liner Expansional Coefficient (x10°%/°C)
—4&— Possion Ratio

—<—Elastic Modules (x10°MPa)

—>—Yield Stress (x10°MPa)

—e— Density (x10°KG/M?)

N
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T
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Figure 5. Diagram of the material parameters of AH36.

NT11
+2.075%10°
+1.450%10°

+2.000%10!

Figure 7. Diagram of the computed deformation.
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Figure 8. Diagram of the computed plastic strain distribution. (a) Longitudinal plastic strain,
(b) transverse plastic strain, and (c) vertical plastic strain.

As was shown in Figure 8, the plastic strain values around the welding joint were
higher. In the following section, the plastic strain in this region was extracted and converted
to thermal expansion coefficients referring to Equation (2) to be assigned to the welding joint
regions of the plated grillage for the calculation of its deformation and stress distribution.

3.2.3. Welding Deformation and Stress Computation of Plated Grillage

On the basis of the computation to obtain the joint inherent strain data in Section 3.2.2,
the application of the inherent strain on the plated grillage was carried out. After analyzing
the results of the T joint computation, it was found that the plastic strain distribution in
the molten pool region was distinctly inhomogeneous in the Z-direction. Particularly for
plastic strains in the Y- and Z-directions, there was a distinct difference between tensile and
compressive strains (as shown in Figure 9).

Due to the inhomogeneous distribution characteristics of the plastic strain at the
weld obtained from the joint calculations along the Z-direction, the plated grillage was
subjected to the operation of partitioning and applying different inherent deformations to
obtain a higher accuracy of calculation. The partitioning approach for the welding joints
between the plate and longitudinal girder, stringer, and transverse was shown in Figure 10.
The thermal expansion coefficients of the material corresponding to the unit temperature
difference obtained referring to Equation (2) were shown in Table 2.

Table 2. Table of the thermal expansion coefficients.

Thermal Expansion Coefficients

Direction

Region-A Region-B

Longitudinal —0.00233 —0.00248
Transverse —0.010 0.016

Vertical 0.0126 —0.0254
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Principle plastic strain

Plastic strain in X direction:

| —0.00248
|

Plastic stram in Y direction: I 0.016
—0.010

|
—0.0254

| 0.0126

Figure 9. Diagram of the plastic strain distribution in the molten pool.

A-region 5 mm

B-region ] SR

Figure 10. Diagram of the partitioning approach for the welding joints.

After determining the partitioning of the welding joint and the inherent deformations
to be imposed, a solid element model was established. The deformation and stress distribu-
tion of the plated grillage were simulated using the ABAQUS (2022) software on an 8-core
(4.5 GHz) 16-threaded PC with 64 GB of RAM. The computational time for a single model
was about 55 min.

The model is meshed using hexahedral elements, with the element type C3D8R, and
the number of elements and nodes were 665,548 and 779,472, respectively. Encryption
of the mesh was conducted in the heat-affected region around the welding joints. The
boundary conditions were set not to unduly restrict the degrees of freedom of the structure
and to ensure that the constraints of the specimen were close to the actual assembly welding
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process [34]. The detailed boundary condition settings were shown in Figure 11. The stress
distribution and deformation of the plated grillage were shown in Figures 12 and 13.

Boundary

Condition

S, Mises

Average: 75%
+3.800% 102
+3.484x102
+3.167x 102

+6.932x1072

+5.103x1071
+2551x107!
+0.000x10°

Line-1

Figure 13. Contour diagram of deformation distribution in the plated grillage.

As shown in Figures 12 and 13, there are relatively high stresses in the welding joint
region that reached the yield strength of the material, causing plastic deformation. A certain
number of high-stress areas were also presented in the transverse due to the shrinkage
of the welding joint of the longitudinal stringers. For the deformation condition, the
maximum deformation on the plated grillage is about 3.1 mm. To verify the agreement
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Vertical deforamtion (mm)

between the simulated and measured deformation of the plated grillage, two monitoring
lines (as Figure 13) were set up above the plate region connecting with the longitudinal
stringer and transverse, and the simulated and measured vertical deformation values were
compared. Deformation values were measured using an XTDIC 3D optical acquisition
system with a measurement accuracy of £0.1 mm. Data collection was performed at 100
mm intervals in the length and width directions of the specimen, with the number of
collection points being 20 and 16, respectively (as shown in Figure 14). Comparison results
were shown in Figure 15.

Figure 14. Diagram of the actual plated grillage specimen.
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Figure 15. Diagram of the deformation comparison results of monitoring lines. (a) Line 1 and (b) line 2.

As shown in Figure 15a,b, the deformation values of the monitoring lines fluctuated
significantly at the welding joint. The monitoring line 1 direction presented a large amount
of deformation due to the denser welding joint arrangement, and the maximum value
of the simulated vertical deformation results reached 2.58 mm. The measured values
corresponded well to the simulated values. The fluctuation of the deformation in the
monitoring line 2 direction was small, with only a small peak around the welding joint
region of the middle transverse. When the specimen was manufactured, there was a splice
weld in the middle of the deck due to the limitations of the available plate sizes. Although
the deck splicing was corrected after completion, it still resulted in a large error in the
measurements at the center. Measured values away from the splice seam region were in
good agreement with the simulated values.

4. Investigation of the Failure Buckling Behavior of Combined Opening Plated
Grillage Considering the Initial Welding State

4.1. Numerical and Experimental Basis

The nonlinear finite element method was applied to calculate the failure behavior of
the plated grillage. The welding deformation and residual stresses calculated in Section 3
were also applied as initial states to investigate their effect. On this basis, static load
experiments were designed and performed, and the experimental results were compared
with the simulated values to verify their reliability.
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4.1.1. Simulation Settings

The nonlinear finite element calculation of the plated grillage was also conducted using
ABAQUES (2022) software. The calculated welding deformations and stresses were applied
as the initial load to the plated grillage model for further failure analysis. The meshes were
divided in the same forms as used in the inherent strain calculation above, and the element
type is C3D8R. The material parameters of the specimen were kept the same as mentioned
in the welding simulation above. The Young’s modulus of the material was 206 GPa and
the yield strength was 380 MPa at 20 °C. The tangential modulus of the material was mostly
taken as 5-15%, and there it was taken as 10% in combination with the results of the tensile
experiments (as Figure 16). The specimen size for the tensile experiment was determined
according to the Chinese national standard (GB-T 228.1-2021) [38].
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g
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_g 300 |
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Figure 16. Diagram of the tensile experiment results.

In the previous experiments on the combined opening girders, it was found that the
structure would fail in a complex manner such as instability and local buckling under
the central vertical load applied from the plate [39]. Most of the existing plated grillage
experiments focused on the failure behavior under longitudinal and transverse compressive
loads, ignoring the effect of vertical bending loads from the plate [28,29]. Therefore, two
loading conditions were designed. One was to load an area with a 200 mm width in
the middle of the longitudinal direction. The other is to load an area with a 200 mm
width in the middle of the transverse and longitudinal directions in combination. For the
setting of boundary conditions, the main consideration is the support of the surrounding
pillars for the plated grillage, so the position of the plated grillage and pillar connections
were equivalently replaced by fixed constraints, and the failure behavior of the plated
grillage under bending loads was mainly investigated. The loading method and boundary
condition settings were shown in Figure 17.

In Figure 17, Ry, Ry, and R;, are the rotational degrees of freedom in the x-, y-, and
z-axis; and Uy, Uy, and U, are the translational degrees of freedom.
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Loading condition 1

L
J, J, l Loading condition 2

Figure 17. Diagram of the loading conditions and boundary condition settings.

4.1.2. Experiment Design

The vertical loading of the specimen was applied using a 4000 kN thrust servo actuator.
To realize the two load conditions described in Section 4.1.1, the corresponding design of
the distribution girders was performed. The experiment scenario was shown in Figure 18.

Servo actuators

Distribution girder

Plated grillage

(a) (b)
Figure 18. Diagram of the experimental scenario. (a) Schematic model and (b) physical scenes.

To collect the strain and stress in the plated grillage, displacement gauges were
arranged at several typical points and strain gauges (rosettes) were attached to the steel
surface. The type of displacement gauge was YWD and the measurement accuracy was
£0.01 mm. The types of strain gauges and rosettes were BFH120-2CA-D150 and BFH120-
2AA-R-P300, respectively, with sensitivity coefficients of 2.0 & 1%. The arrangement of
displacement gauges and strain gauges (rosettes) was shown in Figure 19.

During the conducting of the experiment, the force-controlled loading method was
first applied at the linear deformation stage of the plated grillage, with 20 kN per step.
When approaching the plastic deformation stage, the displacement-controlled loading
method was applied, with 1 mm per step. Then the loading was maintained until the value
of the vertical pressure recorded by the pressure transducer dropped to 50% of the peak
load value. At this point, the loading was stopped, and the experiment was completed.
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Figure 19. Diagram of arrangement of measurement gauges.

4.2. Experiment and Simulation Results
4.2.1. Load-Displacement Relationships

Due to the differences in the loading method, the two specimens exhibited different
deformation and failure behaviors. In this section, the values of three displacement gauges
(DP-1, DP-3, and DP-5) were selected for comparison. Meanwhile, the vertical displacement
values of the plate center point obtained from simulation and measurement (considering
the initial welding state) were compared. The load-displacement curves were shown in
Figure 20.
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Figure 20. Diagram of the load-displacement curve. (a) Condition 1 and (b) condition 2.

For the first loading condition, the maximum load that the structure could bear was
about 430 kN. As shown in Figure 20a, as the loading region was an area of 200 mm
width in the middle of the longitudinal direction, and the middle of the front and back
transverses exhibited similar displacement regulations under vertical loads. The location
of the middle point of the plate also showed a similar displacement regulation to the DP-1
and DP-3 regions under the action of the distribution girder. For the values measured from
DP-1, since the region was far away from the loading region, less vertical displacement
occurred. As for the whole loading process, when the load is in the range of 0-300 kN, the
structure was in the stage of elastic deformation. With the increase in the external load,
the vertical displacements of all four measurement points increased linearly. When the
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external load exceeded 300 kN, the structure gradually entered the plastic deformation
stage. The slopes of the load-displacement curves at points DP-1, DP-5, and the plate
center became smaller, and the structure experienced a distinct vertical displacement. The
position of measurement point DP-3 was rotated around the X-axis due to the middle
deformation of the structure; the position of the displacement gauge was shifted, so the
measured displacement values appeared to decrease with the increase in the external load.
Next, as the external load further increased to reach the critical load of the structure, there
was a sudden loss of the load-bearing capacity of the structure. The loading device stopped
loading for protection, so the measured curve in the figure terminated at the highest load
point and did not record the post-buckling characteristics of the structure. The simulated
load-displacement curve of the plate middle point fitted well with the measured curves
and reflected a certain degree of post-buckling characteristics.

For the second loading condition, the maximum load the structure could bear was
about 660 kN, with an improvement of 53.49% compared to the loading condition 1. As
shown in Figure 20b, as the loading region was a combined area of 200 mm in the middle of
both the longitudinal and transverse directions, the middle of the left and right longitudinal
girders as well as front and back transverse exhibited similar displacement regulations
for the load applied by the distribution girder. For the loading process, when the load
is in the range of 0-600 kN, the structure was in the stage of elastic deformation. As the
external load increased, there was a slow linear increase in the vertical displacement of
the structure. When the external load reached 600 kN, the structure entered the plastic
deformation stage, the rise of the load slowed down, and the structure suffered distinct
vertical displacement. However, differing from the failure characteristics of the sudden loss
of the load-bearing capacity of the structure in loading condition 1, in loading condition 2,
when the structure entered into the plastic deformation stage, the external load remained
stable with the distinct increase in displacement. The external load on the structure
gradually decreased only when the vertical displacement exceeded 50 mm. The structure
exhibited a considerable load-bearing capacity in the post-buckling phase.

4.2.2. Deformation

Combining the results of experiments and simulations, the failure behaviors of the
plated grillage were investigated. The deformation of the structure after failure was shown
in Figure 21.

As shown in Figure 21, the simulated failure behavior of the plate, longitudinal girders,
and transverses were basically consistent with the results obtained from the experiment.
For loading condition 1, owing to the vertical load applied to the area of a 200 mm width
in the middle of the longitudinal direction, the plated grillage exhibited a bending defor-
mation in the middle region. The transverses, which bore most of the loads as the main
transverse component, suffered distinct deformation. In contrast, the section modulus at the
opening region in the transverses was greatly reduced due to the presence of lumbar round
openings. The bending load experienced a transmission discontinuity at the lumbar round
opening regions, and the transmission path was shifted. Stress concentrations appeared
at the corners of openings, resulting in a localized plastic hinge failure phenomenon (as
Figure 21a). In addition, under this loading method, the longitudinal girders were arranged
parallel to the direction of the loading region in the center, and no distinct deformation
occurred. Only the rotation of the whole longitudinal girders along the X-axis direction
occurred with the increase in the external load.

For loading condition 2, owing to the loading region being an area of a 200 mm width
in the middle of the transverse and longitudinal directions, both longitudinal girders and
transverses participated in load-bearing. Subjected to external loads, the middle regions of
the left and right longitudinal girders as well as the front and back transverses exhibited
distinct vertical deformations. Due to the action of distributing girders, the vertical defor-
mation in the middle region of these major longitudinal and transverse components was
consistent. Similarly, the longitudinal girders and transverses showed a localized plastic
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hinge failure around the lumbar round opening regions in loading condition 1. As for the
longer length of the longitudinal girders, the plastic hinge deformation phenomena were
more pronounced at the lumbar round openings closer to the middle loading region than
at the distal end.

—4727x10¢
—5280x10"
-5833x10¢
—5.386x10¢

Plastic hinge

Plastic hinge

(b)
Figure 21. Diagram of the failure behaviors. (a) Condition 1 and (b) condition 2.

For two loading conditions, the central region of the transverses presented a signif-
icant vertical deformation. In contrast, in the static load experiments of the girders in
the literature 39, the girder structures presented a phenomenon of instability due to the
occurrence of lateral slip in the middle region. It could be seen that the inclusion of the ribs
in the plated grillages could limit the local instability phenomenon of the structure and
improve the load-bearing characteristics.

In addition, to investigate the deformation regulations of the plate of the plated
grillages and verify the agreement between the simulation and experiment results, the
coordinates of the measuring points on the deformed plate surface were measured by the
XTDIC 3D optical acquisition system. The curved surfaces were formed based on the fitting
of coordinate values and compared with the results of simulations. The comparisons were
shown in Figure 22.
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Figure 22. Diagram of the simulated and measured comparison results of plate deformation. (a) Con-
dition 1 and (b) condition 2.

As shown in Figure 22, the curved surface shapes obtained from the fitting of the
measured data were in good agreement with the results of the simulation. For loading
condition 1, the plate exhibited a buckling band similar to a hyperbolic symmetrical
arrangement on both sides of the longitudinal center of the plate (as Figure 22a). The
entire plate showed a vertical deformation approximating the shape of a cylinder in the
region between the two lumbar round openings along the X-axis. As for loading condition
2, there are significant differences in the deformation patterns of the plate. The vertical
displacement values of the central region in both the X and Y axes were approximately
equivalent. The plate exhibited a gradual increase in vertical displacement from the corners
to the middle region in both the X and Y directions. Both directions showed a localized
bending of the plate above the lumbar round openings, resulting in a significant change in
vertical displacement on both sides of the bend. From the corners toward the center of the
plate, buckling bands similar to the inverse function distribution appeared (as Figure 22b).

4.2.3. Stress and Strain

Due to the differences in the loading conditions, there were significant differences in
stress distribution in the plate frame at failure. For loading condition 1, the stress level on
the longitudinal girders was low and there was no significant stress concentration around
the opening regions. The transverses, due to bearing most of the external loads, showed a
high-stress region in the middle of the stiffener flange and a significant stress concentration
around the opening. For loading condition 2, both the longitudinal girders and transverses
were involved in bearing the external loads, so the stress levels were higher in the middle
of the stiffener flange. Meanwhile, there were stress concentrations at the corners of the
lumbar round openings. The stress distribution was shown in Figure 23.

Referring to the stress distribution, it could be seen that due to the difference in the
loading conditions, there was a significant difference in the stress level in the middle of the
stiffener flange of the longitudinal girders and transverses. The strain values measured
experimentally at this location are discussed next. The values on the surface of specimens
during the experiment could be measured by strain gauges (rosettes). The selected measur-
ing points were numbered B-5-4 and D-S-2. The strain values of the measuring points were
shown in Figure 24.
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Figure 23. Contour diagram of stress distribution in the plated grillage. (a) Condition 1 and (b) con-
dition 2.
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Figure 24. Diagram of the strain values of the measuring points.

As shown in Figure 24, for loading condition 1, since the main load in this loading
method was borne by the transverses, the strain measured from the location of the mea-
suring point on the longitudinal girder was small, less than 0.1%. The strain measured
from the location of the measuring point on the transverse was large, especially when
the external load reached 370 kN, the strain value increased rapidly, and the structure
lost its load-bearing capacity. For loading condition 2, since both the longitudinal girders
as well as the transverses were involved in load-bearing, the strain values measured at
the locations of the two measurement points were large. In the pre-loading stage, the
transverses were subjected to a large load, producing a more pronounced strain. When the
external load came to 450 kN, the longitudinal girders also participated in the load-bearing,
and the strain growth rate increased significantly. In this case, the increased rate of strain
at the measuring point on the longitudinal girder was larger than that on the transverse.
When the external load reached 610 kN, the strain values at the two measuring points
gradually reached the same and increased rapidly; at this time, the structure gradually lost
its bearing capacity.

4.3. Influence of the Initial Welding State on Structural Load-Bearing Behaviors

The degree of congruence between the numerical results was verified above. With
the use of the inherent strain method, the distribution of stresses and deformations of
specimens generated during the welding process was also simulated. In this section, the
load-bearing behavior of the ideal model, the model considering initial deformation, and
the model considering initial deformation and stresses were compared for two loading
conditions using numerical means. The load-displacement relationship curves of the plate
center point for these conditions were shown in Figure 25.
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Figure 25. Diagram of the load-displacement curve considering the initial welding state.

As shown in the Figure 25, considering the initial welding state of the specimens,
the ultimate load-bearing capacity decreased slightly compared to the ideal model and
had a better fit to the experimental load-displacement curves. For loading condition 1 in
the Figure 25a, the curve considering welding residual stresses and deformations almost
coincided with that only considering deformation. For the welding parameters used in this
structure, the welding residual stresses had almost no effect on the deformation structure in
the elastic phase. As the external load continued to increase, the residual stresses made the
structure more susceptible for plastic deformation while leading to a 2.5% reduction in the
ultimate load-bearing capacity. Next, comparing the curves considering only the welding
deformation with those of the ideal model, it was evident that the welding deformation has
a significant effect on the deformation behavior of the structure. In the elastic phase, the
welding deformation enabled the structure to generate a larger vertical displacement under
the same external load and entered the plastic phase earlier. The ultimate load-bearing
capacity showed a decrease of 8.6%.

For loading condition 2 in the Figure 25b, compared to welding deformation, the
effect of welding residual stresses on the deformation behavior of the structure remained
insignificant. The load-displacement curves for the two cases nearly overlapped, with
only a small difference in the position at which the structure entered the plastic phase.
Next, compared with the curve of the ideal model, the presence of welding deformation
accelerated the vertical displacement of the structure in the elastic phase, causing the
structure to yield earlier. However, the influence degree was less than that in loading
condition 1. When the structure failed, the ultimate load-bearing capacity of the structure
was essentially the same in all three cases. It may be seen that under this loading mode, the
welding residual stresses and deformations caused by the welding parameters used in this
specimen had basically no effect on the ultimate load-bearing capacity of the structure.

5. Conclusions

A simulation method that partitions the welding joint region to apply different in-
herent strains was used to calculate the initial welding deformation and stress based on
actual welding parameters. Then the results obtained from the calculations were used as
an initial state for nonlinear finite element calculations, and the deformation behaviors of
the structure were simulated and compared with the results of the static load experiments.

The main findings are as follows:

(1) The method of partitioning the welding joint region to apply different inherent strains
could enable a more accurate prediction of welding deformation and stress distribu-
tion in the plated grillages. Referring to its simulation results, the welding deformation
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Abstract: This study presents experimental and finite element investigations on the ultimate strength
of the funnel structure of a large passenger ship subjected to wind pressure. An experimental test is
conducted using a similar model to analyze the failure characteristics of the funnel structure. The
model is designed based on similar theories to simulate the progressive collapse behavior of an actual
ship’s funnel under wind load. Additionally, a simplified wind loading device is also developed
to apply large wind loads. Practical insights are provided in the research to assess the opening’s
influence on reducing the ultimate strength of funnel structures when suffering wind pressure. Results
represent the failure initiated at the edges of the large opening, with stress concentration primarily
occurring at the stiffener end, showing good agreement with the simulated results performed using
the finite element method. Furthermore, the effects of different parameters on the ultimate strength
of the funnel structure are discussed by using the numerical method. This analysis provides an
important guide for the design of funnel structures of passenger ships with openings.

Keywords: funnel structure with opening; scaled model test; wind load; ultimate strength

1. Introduction

During the extended operational period, ships and offshore structures face constant
threats from harsh ocean environments, such as strong winds, high waves, and extreme
events like typhoons. These environmental factors may lead to fatigue, damage, or even
collapse of the structures. Under extreme load scenarios like typhoons, more severe marine
climatic conditions can result in significant structural vibrations and displacements [1,2].
This poses potential safety risks to the overall integrity of towering structures such as
funnels and wind turbines [3]. It has been reported that all the wind turbines operated by
Okinawa Electric Power Company were extensively damaged by Typhoon Maemi [4].

Large passenger ships are very complex objects from the structural point of view [5].
They usually have full superstructures that provide a range of amenities, including the
swimming pool, central hall and shopping malls. These facilities cater to the varied
requirements of passengers for transportation and leisure activities throughout their time
at sea. In terms of their principal dimensions, the total height of the superstructure is nearly
the same as that of the ship hull, bringing new structural problems.

When a cruise ship navigates in open waters, it experiences more forceful wind
pressures, leading to a notable reduction in its velocity and stability [6]. Wang et al. [7] in-
vestigated the load characteristic induced by the wind acting on the passenger ship’s super-
structure. They found that the extreme wind pressure could cause a large bending moment.
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Furthermore, different openings are widely applied in the structural design of large
passenger ships in order to accommodate specific layouts as well as minimize the overall
weight of the ship. However, these openings can lead to structural issues such as local
plate fracture, stress concentration and a significant reduction in the limit strength of
ship structures. Several research studies have been conducted on the residual strength of
passenger ship structures with various openings [8-11]. The collapse behaviour of panels
under the action of both compression and lateral pressure have also been studied [12].

The nonlinear finite element method (NFEM) has been extensively employed in the
numerical analysis of limit strength of ship structures because of the advantage of reducing
cost, ease of implementation and provision of detailed information on the structural col-
lapse mode. Morshedsolouk and Khedmati [13] evaluated the effectiveness of composite
superstructures in contributing to the bending moment and observed that the superstruc-
ture’s dimension significantly influenced the hull’s failure mode. Romanoff et al. [14]
conducted similar researches, noting a considerable increase in load distribution by the
superstructure as the neutral axis moved close to the ship bottom.

Considering that the full-scale experiments are hard to implement and are of high cost,
the scaled model tests have been developed to analyze ship structure failures. Ensuring
a proper similarity law is crucial in these model tests [15], as it effectively guides the
design of scaled models, enabling a suitable understanding of collapse behaviour and
ultimate strength in real ships. To accurately reflect the nonlinear stage of progressive
collapse in actual ships, it is important to analyze factors influencing nonlinear similarity
during the testing. Benson et al. [16] conducted experimental studies on hull girders’s
post-ultimate strength behaviour using three scaled girders. Hirdaris et al. [17] provided a
comprehensive review on examining design loads for plate structures based on model tests
as well as theoretical methods, with particular consideration given to environmental loads.
Quispe et al. [18] performed a pure bending test on a scaled hull girder, which revealed
the plates between stiffeners failed first. Pei et al. [19] enhanced the law for nonlinear
similarity design and utilized it in a test model with a large opening subjected to combined
longitudinal bending and torsion.

Numerous studies have been conducted to analyze the ultimate strength of local
structures and hull girders through experimental methods. However, the failure experiment
was not carried out on the ship funnel structures suffering the wind load. The present
researches mainly focus on the wind load evaluation acting on the whole superstructure
or the whole ship structure. In their study, Kulkarni et al. [20] conducted a comparison
between numerical analysis and wind tunnel experiment in order to analyze the load
coefficients of superstructures with various wind angles. Chen et al. [21] computed the
wind loads acting on a cruise ship considering different load components. The findings
indicate significant variations in the load coefficients depending on the incoming wind’s
angles. Janssen et al. [22] carried out a computational analysis of wind forces acting
on ships in order to explore how simplifying geometries affect load calculations. They
computed wind forces for four simplified models ranging from rectangular girders to
complex ship hulls. It was found that substantial reductions in complexity can result in
notable discrepancies between calculated wind forces. In addition, most of the research
objects corresponding to the wind load on funnel structures are funnel on land. Insufficient
attention has been paid to investigating potential failures or accurately assessing the
ultimate strength associated with the funnel design. Zhang [22] studied the failure process
of an industrial funnel under different load conditions. Bhatt and Vasanwala [23] examined
the ultimate strength of a funnel under monotonic load while considering the effects of
various materials.

In this paper, the funnel structure with openings from a passenger ship is selected
to analyze its collapse behaviour under wind load, experimentally and numerically. The
research aims at determining the ultimate strength of the towering structure for improving
the design and construction of the funnel in passenger ships. A scaled model is designed
based on the nonlinear similar law. A new loading device is designed to simulate the
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wind pressure, and the feasibility of this method is demonstrated. The scaled model of
the funnel is tested for failure and the buckling collapse behaviour is examined. The
load—displacement curves and structural collapse patterns derived from the experiment
are compared with the results through the nonlinear finite element calculation. The impact
of the opening on reducing the ultimate strength of the funnel structure is assessed. The
ultimate strength of the real ship funnel is finally predicted by using this similar law and
the influences of various parameters on the funnel’s ultimate strength are analyzed for
optimum structural design.

2. Scaled Experiment
2.1. Similarity Law

Given the high cost and operational challenges associated with conducting real ship
tests, it is crucial to develop a scaled model that can accurately replicate the collapse mode
of a full-scale structures for ultimate strength research. Thus, a suitable similarity law is
needed to guarantee the corresponding relationship between the scaled prototype and the
real structure. Firstly, geometric similarity is widely used to calculate the overall size of the
scaled model [24]. The funnel works as a thin-walled cantilever beam under wind forces.
Based on the beam theory, the geometric scaling law can be expressed as follows:

Ca=A/As =CLCt
Cr=1/1=C¢C

_ Q
Qs =g

, )

where C represents the scaled ratio of the test model to the actual ship; A denotes the area
of the segment; L denotes the length; t denotes the plate thickness; I represents the moment
of inertia; Q refers to the ultimate wind force. Additionally, » and s, respectively, refer to
the real ship and its corresponding model.

In addition to considering geometric and material similarity, it is important to make
sure that the local strength is similar. The local plate strength of the scaled model may not
accurately reflect the actual ship due to the limitations of linear geometry similarity design.
Considering the nonlinear properties, the geometries of the local stiffened plates should
be corrected based on their ultimate strength, respectively. The average ultimate stress
of stiffened plates under uniaxial compression can be predicted by Equation (2) given by

Zhang and Khan [25]:
Ou __ 1 1
o BB 1132
B=(b/t)-\/oy/E 2)

T

A= (a/m)-As/T \/T'

oy is the ultimate strength; oy, is the yield stress; B is the plate slenderness ratio; A is
the stiffener slenderness coefficient; b is the plate width between stiffeners; t is the plate
thickness; E is the elastic modulus; a is the spacing between transverse frames; As and I,
are the area and inertia moment of the stiffener with attached plate, respectively.

It is obvious that the ultimate strength of local stiffened plates is determined by
parameters 3 and A. Therefore, the nonlinear strength criterion for the local stiffened panel
under compression is determined by

Bp = Bm
{/\P =Am’ ©)
p and m represent prototype and model, respectively.

2.2. Model Design

The actual funnel structure is shown in Figure 1. The max plate thickness of the actual
funnel body is restricted to 5 mm for the purpose of weight control. The length ratio,
denoted as Cp,, is established as 15:1, taking into account factors such as model costing,

114



J. Mar. Sci. Eng. 2024, 12, 41

laboratory conditions, and fabrication process. Similarly, the thickness ratio, denoted as
Cy, is taken as 5:3. Firstly, the initial dimensions of the scaled model are determined by
geometric similarity. Then, the sizes of local stiffened plates are changed slightly to keep
the same ultimate compressive strength. The details about the scaled model as well as the
real structures are shown in Figures 2-5.

Table 1 presents a comparison of geometric parameters for typical sections. The
difference between the scaled model and the actual prototype is below 5%. Comparison of
the plating slenderness ratio § and stiffener flexibility coefficient A is shown in Table 2. The
difference ratio is also within 5%. Thus, the designed model can reflect the elastic plastic

characteristics of the actual structure.

Funnel body

Funnel top cross section
~ ]

Most possible

Funnel bottom cross section collapse section

=20.10m

Figure 1. The main dimensions and compositions of funnel.
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Figure 2. Comparison of cross-sections of Decks 1, 2 and 4.
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Figure 3. Comparison of cross-sections of Decks 3 and 4.
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Figure 4. Dimensions of funnel top cross-section.
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Figure 5. Geometry properties of plates and stiffeners.

The numerical calculation of the funnel structures is conducted using finite element
software ABAQUS 2021. Figure 6 displays the details of FE models. The explicit code
is utilized to address the structural post-buckling and collapse phenomenon and takes
into account the large plastic deformation. The finite element model is generated using
S3R and S4R type shell elements. S3R and S4R type shell elements are 3 and 4-node,
stress/displacement shell elements with reduced integration and large-strain formulation
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for tracking the large deformation [26]. The mesh size can have a significant effect on
the uncertainty of the results obtained with finite element analysis. To obtain accurate
numerical results, the meshes should be fine enough to well capture the yielding and local
buckling process of the structure. However, finer meshes are accompanied by much greater
consuming of computation efforts, which means that a balance between the mesh size and
computing capability has to be made. Generally, more than 3 finite elements in the web of
girders are generated, and the average element sizes of full-scale ship model for the refined
parts and the scale model are 200 mm and 10 mm, respectively [27].

Table 1. Comparison of cross-section properties of the actual funnel to a scaled model.

Section Parameters Actual Ship  Similar Transformation Model Error
Section area (mmz) 93,519.3 3740.8 3904.5 4.4%
Deck 1 Position of neutral axis (mm) 357.0 23.8 24.5 2.8%
Inertia moment about neutral axis (mm?*) 5.2 x 1010 9.2 x 10° 8.9 x 100 3.1%
Area (mm?) 116,506.8 4660.3 4885.5 4.8%
Deck 2 Position of neutral axis (mm) 311.4 20.8 20.5 1.2%
Inertia moment about neutral axis (mm?) 6.3 x 1010 1.1 x 10° 1.1 x 100 0.4%
Section area (mm?) 104,539.5 4181.6 4353.5 4.1%
Deck 3 Position of neutral axis (mm) 451.1 30.1 30.4 1.1%
Inertia moment about neutral axis (mm?) 6.1 x 1010 1.1 x 10° 1.1 x 10° 4.6%
Section area (mm?) 137,016.0 5480.6 5736.0 4.7%
Deck 4 Position of neutral axis (mm) 202.5 13.5 13.6 0.5%
Inertia moment about neutral axis (mm?) 2.5 x 1010 45 x 10° 4.4 x 10° 0.8%
Funnel bottom Section area (mm?) 417,581.2 16,703.3 16,252.3 2.7%
cross section Moment of inertia (mm?®*) 4.6 x 1012 8.2 x 108 7.9 x 108 3.0%
Funnel top cross Section area (mm?) 202,448.3 8097.9 7807.7 3.6%
section Moment of inertia (mm?) 1.4 x 1012 2.4 x 108 25 %108 5.1%
Table 2. Comparison of nonlinear properties.
Tup ] L Tup ] L
Members / Ayl Ty Tym Ty Tym
Pl pe (Formula) (FEA)
The stiffened panel of deckl 2.23/2.01 0.87/0.88 0.62/0.64 0.64/0.65
The stiffened panel of funnel body 2.05/1.96 1.36/1.37 0.43/0.43 0.39/0.41

:

(a) Actual ship funnel

Figure 6. The numerical model of the funnel.

(b) Experimental scaled model

The loads and boundary conditions of the scaled model are shown in Figure 7. In this

study, the uniform equivalent static wind pressure is adopted, and the surface pressure is
applied on the windward side of the funnel structure to simulate the wind pressure. In
engineering practice, wind action is often categorized into uniform wind and pulsating
wind, and its load has a great relationship with waveform [28,29]. However, in the static
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linear and nonlinear analyses, the actual stochastic dynamic wind load is generally modeled
as a quasi-static pressure with gusty wind effects [30]. When the transverse load acts on
the funnel, the funnel plate on the windward side is directly damaged due to excessive
pressure. However, when the longitudinal load acts on the funnel, due to the influence of
the large opening, the main components buckle under the bending moment of the ultimate
wind load, and the ultimate strength of the funnel under the transverse load is much greater
than the longitudinal load. Therefore, the longitudinal load is selected in the experimental
analysis. For actual ship structure, A-Al and B-B1 are supported by bulkheads, which
are connected with multiple decks, so the fixed boundary is adopted; A-B and A1-B1 are
supported by strong beams, so simply supported boundaries are adopted. The scale model
is simplified, A-B and A1-B1 directly support the upper deck through the side plate, so the
two sides are free and convenient for test implementation. The x symbol represents the
longitudinal direction of the ship.

Ux,Uy,UzRx,Ry,Rz=0

Bm Bl
Free Free
X
vl
A rr T A |
Ux,Uy,UzRx,Ry,Rz=0
(a) Loads condition (b) Boundary condition

Figure 7. Loads and boundary conditions of the funnel.

The finite element calculation shows that the ultimate wind load of the prototype
structure is 2.88 x 107 N, corresponding to the wind pressure of 0.38 MPa. According to
the established similarity theory (Equation (1)), the ultimate load of the scaled model can
be calculated as 1.15 x 10° N (=2.88 x 107 /15/1.67 N).

The ultimate strength of scaled model is 1.19 x 10° N, determined directly using the
finite element method. Figure 8 shows load—deflection curves of the scaled model acquired
through the application of the similar law and the finite element method. Observably,
the ultimate strength of the scaled model, determined using the similarity formula, is
comparable to the numerical value, with a discrepancy of 3.5%. The curves exhibit strong
coherence within the elastic deformation. Nevertheless, it varies slightly during the plastic
stage. In fact, some members are strengthened while some are removed during the model
design, which causes an error in the structural carrying capacity. It can be found that under
the same load, the displacement of the scale model determined by using the similar formula
is smaller than that of the actually established scale model. It is mainly because the actually
established scale model simplifies the internal components to some extent, resulting in the
decrease in its stiffness.

The final collapse modes of both the prototype structure and scaled model are pre-
sented in Figure 9. It shows that the funnel primarily collapses in the corner panels of the
opening. At first, the plates of the funnel body that are exposed to the wind encounter
significant tension, with the highest levels of stress mostly focused on the welding joints.
As the load increases, the funnel body slopes toward the opening. Thus, the panels situated
on the windward side suffer the tensile force, and the ones on the leeward side undergo the
compressive force. Subsequently, buckling takes place in the plate and stiffener components
adjacent to the opening. As the load increases, large plastic deformation occurs in the
vulnerable cross-section, resulting in the complete failure of the structure.
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Figure 8. Load—displacement curves obtained by finite element analysis.
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Figure 9. Stress distribution of two funnel models.
Figure 10 shows that both models have the largest Y-direction deformation at the

corner of the opening. This illustrates that the failure of the whole funnel under wind
load is mostly attributed to the local buckling of the stiffened plates at the opening, which
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subsequently spreads to the adjacent members. Moreover, the finite element simulation
confirms that the plastic deformation of both the full-scale ship structure and the test model
is similar. Analyzing the loading and failure process of both models, it becomes evident
that the scaled model precisely reflects the collapse characteristics of the real ship structure.
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(a) Actual ship funnel

Nomaaomnwomn,

vhdbblonsoa0

(b) Similar scaled model

Figure 10. Y direction deformation of two funnel models.

In order to replicate wind loading during the test process accurately, a rigid bracket
(loading support) is welded to the windward side of the scaled model as shown in Figure 11.
This bracket serves the purpose of applying hydraulic pressure upon itself, which is then
dispersed into many concentrated forces acting on the welded joints. The stiffness of
the bracket is much larger than that of the funnel model to prevent the failure of the
loading support in the testing process. Figure 12 illustrates a comparison of the ultimate
strength of the test model with and without the loading support. The ultimate strength
value of the scaled model with the bracket is 1.24 x 10° N, which is 4.2% larger than the
unsupported model. This phenomenon is reasonable as the support is welded directly to
the member’s joints, enhancing the strength of local structures. Within the allowable error,
the provided support reinforces the model indeed. In the elastic region for both models, the
two load—-displacement curves exhibit a good agreement. During the plastic deformation
stage, there is a minor variation in the ultimate load.
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Figure 11. The FE model of the scaled model with support.
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Figure 12. Load-displacement curves of scaled models with and without support.

Figure 13 shows the ultimate collapse mode of these two models. The collapse defor-
mation of both models exhibits consistency at the limit state. The funnel bodies both are
displaced backward under the action of forces exerted on their entire surfaces. The front
panel undergoes tensile force. The plate and stiffener members near the opening suffer com-
pression, leading to buckling and plastic deformation of local plates. The specimens mainly
undergo global failure as a result of plastic buckling occurring at the opening cross-section.
The funnel falls as a result of sudden and substantial deformation of the structural elements
near the aperture, leading to a significant reduction in the external wind load.

z

L. L.

(a) Scaled model without support (b) Scaled model with support

Figure 13. Numerical overall collapse of two scaled models.
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2.3. Experiment Setup

The applied boundary and loading conditions in the scaled test are shown in Figure 14.
Edges A-Al and B-B1 are clamped and edges A-B and A1-B1 are free. Six hydraulic
cylinders are utilized to provide external horizontal forces on one end of the loading
support, and the concentrated forces are distributed as forces acting on the surface of the
funnel body through the welded joints. Each hydraulic cylinder can apply a load of 300 kN
and is synchronously controlled through an oil pump. At the same time, the pressure
sensor is used to measure the applied force.

(a) Boundary condition (b) Loading condition

Figure 14. The boundary and loading conditions of the model test.

In order to prevent the frame from toppling over, enclosed supporting beams are
established in the testing process and huge triangular cantilevers are employed to limit the
x displacement of the closed frame (Figure 15). Series of hydraulic cylinders are utilized
to apply significant horizontal wind load. These hydraulic cylinders are simultaneously
controlled by an oil pump system. In addition, a load transducer is incorporated to record
the input loads precisely.

Load support workpiece Simulated wind pressure loading

Fixed support boundaries

Figure 15. The collapse experiment setup.

The steps involved in carrying out the experiment are described in the following
manner. (1) In the initial stage, several cycles of loading and unloading procedures are
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carried out in order to partially release the residual stresses that were created in the welding
process and reduce the gaps between the supporting beams. (2) Hydraulic cylinders are
controlled to load the test specimen progressively and simultaneously until it collapses.

2.4. Tensile Test

The test model primarily consists of Q345 steel plates ranging in thickness from 3.0 mm
to 5.0 mm. Its mass density is 7850 kg/m3, Young’s modulus is 210 MPa, and the Poisson’s
ratio is 0.3. The tensile tests are carried out to acquire the material properties, as shown in
Figure 16. The yield stresses of the steel materials, determined from the tensile results, are
presented in Table 3.

600 -

500 A

—soun e~
0 0.02 0.04 006 0.08 0.10 0.12 0.14
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Figure 16. Stress—strain curve of test specimens.

Table 3. Yield stress of the steel materials.

Thickness Yield Stress (MPa)
3 mm 335.4
4 mm 348.6
5 mm 359.4

2.5. Measuring Device Setup

Figures 17 and 18 illustrate the arrangement of strain gauges. These gauges are
positioned in areas where large stress is concentrated, particularly at the region where
welded joints buckle, areas with sudden and significant deformation, and the stiffeners of
the opening. Prior to the experiment, finite element studies were performed to determine
the locations of yield stresses for the test model.

Figure 17. Layout of strain gauge on panel.
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Figure 18. Layout of strain gauge on stiffeners.

The layout of the displacement transducers is shown in Figure 19. Measuring points
D1, D2 and D4 measure the horizontal displacement of the specimen caused by horizontal
load, and D3 measuring point measures the out-of-plane deformation of the deck.

Figure 19. Layout of displacement transducers.

3. Experiment Results
3.1. Load—Displacement Relationship

Figure 20 displays the load—displacement curve of the scaled model, representing
the collapse process during the test. The resultant load value refers to the cumulative
horizontal force applied by all the hydraulic cylinders, whereas the displacement value is
recorded by the transducer of D4. The recorded maximum force during the experiment is
1210 kN, followed by the failure of the test model with a significant increase in deformation.
It can be seen that the funnel structure shows an almost linear behaviour before point
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P1. It indicates that most members of the funnel are still within the elastic stage. When
the external force increases about to 82 tons, intermittent noise occurs due to the plastic
buckling of internal members. Before reaching the limit state point P2, it is obvious that the
curve’s slope begins to decline as the load increases. It means that the bending stiffness of
the test model decreases due to the local buckling and failure of members. As the hydraulic
loads are progressively increased, the weakest part experiences severe deformation leading
to the detachment of multiple strain gauges. This signifies that the test model has reached
its ultimate condition.
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Figure 20. Load-displacement curve from the model test.

3.2. Collapse Mode

The specimen undergoes structural failure when subjected to a quick and substantial
deformation, resulting in a considerable decrease in hydraulic forces. The large plastic
deformation of local structures is shown in Figure 21. The sudden collapse of the funnel
specimen is mostly due to plastic buckling occurring in its most vulnerable section. Under
the action of horizontal wind pressure, the bottom section of the funnel body suffers the
greatest bending moment, similar to that of a cantilever beam.

"4
(a) Funnel plate

Figure 21. Cont.
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Figure 21. The deformation of the model.

The primary occurrence of plastic failure in the funnel panel is concentrated in the
opening corner. The local plates have large deflection when buckling happens. The propaga-
tion of buckling rapidly extends to the nearby panels, resulting in the tripping of stiffeners.
Finally, the structure experiences plastic failure in the opening section (Figure 21a). The
stiffeners within the opening exhibit significant buckling distortion and collapse at the
bottom end (Figure 21b). The decks of the viewing platform supporting the funnel body
do not show large deformations (Figure 21c). It is reasonable because the decks suffer
out-of-plane stresses during the collapse process and the deck panels are hard to have
buckling other than the ones of the funnel body suffering compressive stresses.

3.3. Stress Distribution

The von-Mises stress can be derived from the data collected by the strain gauges.
The obtained results for partial yield region measured points are shown in Figure 22a,b,
corresponding to the gauge arrangement in previous figures. The material yield stress
is taken as the maximum value when the calculated stress is above this threshold, as the
formulas rely on the linear elastic theory. It is evident that the stress initially rises at Point
5, located at the upper edge of the opening, due to the relatively low stiffness of the local
structure. Point 12 exhibits the largest stress and experience buckling first, which is located
at the opening corner, followed by large plastic deformation. The primary concentration of
stresses occurs in the buckling zones (Points 12 and 16), with significantly higher strains
present at the vertical stiffeners within the opening (S11 and S6). The stresses (Points 12
and 16) are mainly concentrated around the buckling regions, and much larger stresses
exist at the vertical stiffeners in the opening (S11 and S6). A noticeable characteristic of
sudden stress increase is detected at several points (Points 20 and S1). This abrupt shift in
stresses and strains is caused by the buckling deformation of certain components, implying
that the specimen suffers plastic buckling failure.

The strain gauge results are symmetrical with respect to the longitudinal direction
of the scaled model (Points 3 and 45, Points 11 and 48, Points 33 and 52, S7 and S12 and
S6 and S15; see Figures 17 and 18), as shown in Figure 23. It is evident that the data from
corresponding strain gauges are consistent throughout the testing process, suggesting that
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the applied load and deformation exhibit a satisfactory left-right symmetry, matching the

criteria for a collapse test.
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Figure 22. Average stress—strain relationship of the model.
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Figure 23. Test model symmetry check.
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The strain gauge measurements taken from specific points of the deck (Points 36, 38,
54 and 55, as shown in Figure 17) are displayed in Figure 24. The obtained results from
these points exhibit a linear change, indicating that the deck area of the test model is still in

the elastic range, which corresponds to the previous results.
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Figure 24. Measuring point on deck.

4. Comparison of the Experimental and Numerical Results

Experimental verification can be used to guarantee the precision of numerical com-
putation outcomes. Firstly, the numerical load—displacement curve of the scaled model is
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compared to the experimental result in Figure 25. The ultimate strength value analyzed
from the numerical simulation is 1.24 x 10® N, while it is 1.21 x 10° N in the experiment,
with a difference of 2.4%. Within the model’s initial linear range, the two curves exhibit
a strong concurrence. During the nonlinear stage, there is little discrepancy in predicting
the ultimate strength, and the displacement obtained by the test is larger than that by the
numerical analysis, with an error of 7.7%. At the beginning of the experiment, the funnel
specimen undergoes multiple cycles of preloading and unloading processes to release the
welding residual stress as well as reduce the gaps between the specimen and the support-
ing beam. However, the external force in the load—unload stage is not strong enough to
eliminate the gaps in the specimen completely. The zero-displacement condition cannot
be fully achieved in the experimental tests, which are applied in numerical analysis. In
addition, some plates and stiffeners buckle seriously when subjected to loads closing to the
limit state point. The test model experiences a sudden and significant deformation, leading
to extensive destruction of the scaled model in a short period of time, which complicates the
process of collecting data. Moreover, since the initial deflection and the residual welding
stress cannot be recorded completely in the numerical analysis, there are discrepancies in
the local buckling behaviour of some components. In any case, the finite element results
are valid compared to the experimental ones with an acceptable margin of error. According
to the similarity law, the ultimate strength value of the actual funnel can be predicted by
using Equation (1), which is 3.01 x 107 N (=1.21 x 10° x 15 x 1.67 N).

1x10° Numerical calculation
1.4 4 — — = Model test

(12.05, 1.24)

1.24 [

1.0 4 \

0.8 1 .
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Loading(N)

0.4 #

0.2 1 ’

0.0
Displacement(mm)
Figure 25. Comparison of load-displacement curves between numerical and experimental results.

5. Discussion

This discussion focuses on the specific characteristics that significantly impact the
ultimate strength of funnel structures, such as the influence of the large opening, the
primary constituting members, and local reinforcements. The instances and outcomes that
were studied are listed in Table 4.

5.1. Effect of Reinforced Stiffeners

Additional finite element simulations are performed to examine the impact of the
reinforcements surrounding the large opening on the ultimate strength of the funnel, as
outlined in Cases 1-4 described in Table 4. A comparison of the load—displacement relation-
ship is presented in Figure 26. By comparing Case 1 to Case 4, it shows that the ultimate
strength is reduced by 4.4%. Upon analyzing the arrangement of reinforcement in the
opening, it is found that the ultimate strength of the funnel with only vertical reinforcement
decreases by 1.6% (Cases 1 and 2), while that with only transverse reinforcement decreases
by 4.1% (Cases 1 and 3). It is analyzed that the plates and the stiffeners near the opening
fail due to buckling under wind pressure. Thus, the vertical reinforcements can effectively
improve the buckling strength other than the transverse ones.
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Table 4. The lists of the selected scenarios.

Case Reinforced Opening  Stiffener Thickness Plate Thickness  Ultimate Strength

1 V+T 10 mm 5 mm 2.880 x 10" N
2 \Y% 10 mm 5 mm 2.835 x 10’ N
3 T 10 mm 5 mm 2.761 x 10’ N
4 10 mm 5 mm 2.753 x 10" N
5 V+T 10 mm 7 mm 2923 x 10’ N
6 V+T 10 mm 9 mm 2.953 x 10’ N
7 V+T 10 mm 11 mm 2963 x 10’ N
8 V+T 10 mm 13 mm 2.969 x 10’ N
9 V+T 12 mm 5 mm 2.920 x 10 N
10 V+T 14 mm 5mm 2.949 x 10’ N
11 V+T 16 mm 5 mm 2961 x 107 N
12 V+T 18 mm 5 mm 2.966 x 107 N
13 V+T 12 mm 7 mm 2926 x 10’ N
14 V+T 14 mm 9 mm 2.956 x 10 N
15 V+T 16 mm 11 mm 2978 x 10’ N
16 V+T 18 mm 13 mm 2.996 x 10’ N

Note: V and T represent the vertical and transverse reinforcements, respectively.
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30 Case 4
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—
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Displacement(mm)

Figure 26. Influence of reinforced opening.

5.2. Effect of Member Thickness

Figure 27a illustrates the correlation between the ultimate strength and the thickness
of the member. The enhancement in the funnel’s strength is somewhat more pronounced
when increasing the plate thickness (Case M1) compared to increasing the reinforcement
thickness (Case M2). When the increased thickness exceeds 4 mm, the growth rate of the
ultimate strength of M1 and M2 decreases significantly. The ultimate strength of the funnel
in case M3 does not increase largely compared to that in case M1 and M2 when the extra
thickness is below 4 mm. However, the growth rate of the ultimate strength in case M3
has no remarkable decease when the increased thickness exceeds 4 mm. The relationship
between the increased ultimate strength and member mass is shown in Figure 27b. It is
obvious that the increasing strength per unit weight in Case M1 is much larger than the
other two cases. Therefore, it is better to improve the funnel’s strength by applying larger
plate thickness. As the mass grows, the expansion rate of the structural strength slows
down in the cases of M1 and M2. It implies that several members should be simultaneously
strengthened in order to compensate for this effect.
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Figure 27. Influence of different factors on ultimate strength ratio. M1 represents thickening the plate
only; M2 represents thickening the stiffener only; M3 represents thickening the plate and the stiffener
at the same time.

5.3. Effect of the Large Opening

The ultimate strength of the funnel with no large aft opening is also analyzed using the
FE method. Figure 28a shows the load-displacement curves, whereas Figure 28b illustrates
the failure behaviour of the intact one. It can be seen that the opening reduces the ultimate
strength by around 29.2%. When the opening is enclosed, the plastic buckling of the intact
specimen primarily occurs at the joints between the top wings and the funnel body, marked
in yellow lines. In order to improve the resistance of the funnel structure against buckling,
it is essential to augment the rigidity of the open cross-section to match that of the closed
cross-section.
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Figure 28. Cont.
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Figure 28. Influence of large opening.

6. Conclusions

In this study, both the experimental test and finite element calculation are conducted
to assess the ultimate strength of a large passenger ship’s funnel structure under wind
load, which reveals the collapse pattern of the ship’s funnel with openings. It introduces
a comprehensive experiment for evaluating the ultimate strength of a similarly scaled
funnel model under wind pressure. It illustrates the mechanical behaviour related to
the ultimate strength and the step-by-step collapse of the ship funnel. Additionally, the
corresponding numerical simulation is performed, and the numerical results match closely
the experimental data in terms of the load-displacement curves, plate deformation and
stresses. From the findings of the experimental and numerical analyzes, several key insights
are concluded as follows:

(1) The designed testing device is valid to apply large wind loads, and the scaled model
can accurately present the progressive collapse process of the ship funnel subjected
to wind pressure, with an error of 3.5% for predicting the ultimate strength value.
The collapse patterns of structures observed in the experiment coincide with those
derived from numerical analysis.

(2) The presence of a large opening significantly alters the collapse pattern of the funnel
structure, reducing its ultimate strength by 29.2%. The buckling deformation primarily
occurs at the opening’s corner, followed by the sudden collapse of the specimen due
to plastic deformation at the opening cross-section. The funnel tends to lean backward
like a cantilever beam under horizontal wind pressure. The plates and stiffeners near
the opening are prone to buckling under compression, and the side plates facing the
wind are subjected to tensile stress.

(3) Reinforcing the members surrounding the aperture increases the bending stiffness of
the opening section and finally enhances the funnel’s ultimate strength. Thickening
the plate material is found to be more effective than merely increasing the thickness of
internal stiffeners. The optimal approach for improving structural strength involves
ensuring the open section has comparable stiffness to the closed ones, thereby shifting
the buckling region to the structures far from the opening. This principle is crucial for
the optimal design of structures with inevitable openings.

At present, the research conducted in this paper is based on the equivalent static wind
load, and it is evenly distributed on the windward side of the funnel. But besides the static
component, the wind pressure also has a pulsation component. As the chimney has a
complex shape, the distribution of wind pressure over its surface differs significantly from
uniform. In the future, CFD software (ANSYS Fluent 2023 R1) complexes can be used to
carry out these studies.
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Abstract: This research investigated fatigue crack propagation on the lower surface of rocket deflector
troughs in offshore rocket launch platforms. Initially, a numerical model of an offshore rocket launch
platform was established using ABAQUS based on the Extended Finite Element Method (XFEM).
Subsequently, two variable parameters—the initial crack length and initial tilt angle—were introduced.
This research systematically analysed the impact of these parameters on the fatigue crack propagation
patterns in both the maximum stress and maximum deformation regions of the deflector channels
under the combined conditions of high temperature and impact. Finally, the research indicated
that the propagation length of surface cracks in the deflector trough exhibited an initial increase
followed by a decrease with the rise in the pre-set inclination angle. Notably, the stable propagation
rate of the crack in the region of maximum deformation surpassed that observed in the region of
maximum stress. Through meticulous comparative analysis, it was evident that temperature loading
significantly exacerbated the initiation and propagation of cracks, particularly in the upper region of
the deflector channel’s lower surface.

Keywords: offshore rocket deflector troughs; fatigue crack propagation; XFEM; high temperature
and impact coupling

1. Introduction

As the frequency of space launch missions continues to rise, the deployment of rocket
deflector troughs is increasing correspondingly, introducing inherent structural fatigue chal-
lenges. According to the statistics, more than 70% of the damage to marine engineering
structures during their service life is caused by fatigue [1]. Consequently, the initiation and
propagation of cracks due to structural fatigue have emerged as the primary causes of marine
engineering structure failures. In the context of the challenging maintenance conditions of
offshore rocket launch platformes, it is imperative to comprehend the trajectory from crack
initiation to structural failure within the direct impact zone of rocket plumes on deflectors.
This understanding holds significant importance for evaluating the remaining structural life
of these platforms, particularly in light of stringent damage tolerance requirements.

The Extended Finite Element Method (XFEM), as an emerging numerical approach for
simulating fatigue crack propagation, retains the advantages of traditional finite element
methods. It utilises specialised crack tip enrichment functions to model the stress singularity
at the crack tip, allowing the crack interface to be independent of the mesh, reducing mesh
dependence, and simplifying the treatment of the crack tip refinement [2]. This makes the
XFEM an effective and efficient tool for addressing crack growth problems [3-5]. Numerous
scholars have conducted in-depth research and experimental extensions on this method.
Patzak et al. [6] conducted an in-depth study on the analytical process of the XFEM. Zhang
et al. [7] used the Extended Finite Element Method to study the impact of compressive
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stress on crack propagation under tension-compression loading, revealing a relationship
between crack initiation at the crack tip and compressive stress. Menouillard et al. [8]
simulated dynamic crack propagation using the XFEM based on explicit time integration
techniques. Fries et al. [9] introduced three horizontally integrated functions explicitly
computed to enhance the three-dimensional applicability of the XFEM, proposing a new
approach that combines explicit and implicit methods for simulating crack propagation.
Daux et al. [10] applied the Extended Finite Element Method to simulate crack branching.
Himanshu Pathak et al. [11] used the XFEM to simulate fatigue crack propagation under
cyclic thermal loads for three-dimensional linear elastic cracks with different geometries,
revealing the robustness and versatility of the XFEM. Loehnert et al. [12] discussed a
series of computational issues related to the three-dimensional XFEM, studying the impact
of finite deformation theory on crack simulation through numerical examples. Danas
et al. [13] used the XFEM to study energy minimisation in the multiple crack propagation
of linear elastic solids under quasi-static conditions, proposing an alternative strategy to
supplement the implementation and application of gradient descent methods within the
XFEM framework.

While conducting in-depth research on the XFEM, many scholars have also applied
this method to address practical problems. Through experiments applying compressive
stress on notched plates, Fleck et al. [14] found that cracks originated in the residual tensile
stress region near the notch root and extended, indicating that fatigue cracks are more prone
to propagate under tensile stress conditions. Sahouryeh et al. [15], through experiments,
observed the crack propagation behaviour under biaxial compressive stress and found that
the size of crack growth was limited, with the propagation direction parallel to the loading
direction. Nikfam et al. [16] simulated high-cycle fatigue tests on welded T-joints using the
XFEM, validating that the XFEM predictions of crack propagation rate, life, and shape were
within a reasonable range of the experimental results, with the fracture morphology of the
numerical model consistent with experimental observations. Teng et al. [17] utilised the
XFEM to investigate the influence of different micro-defects on macro-crack propagation.
The study results not only demonstrated the XFEM's ability to accurately capture the stress
intensity factors at the macro-crack and micro-defect crack tips but also revealed that the
impact of micro-defects on the macro-crack propagation path changed with their position
and size.

Based on simulated rocket plume parameters, this study employed numerical simu-
lation to investigate the influence of the rocket plume on the launch platform, especially
the deflector, during rocket launch. The simulation incorporated both high-temperature
and exhaust plume impact load coupling, considering the effects of temperature loads on
the mechanical properties of the deflector’s metallic material. The force conditions on the
deflector during the rocket’s takeoff phase were realistically simulated. Finally, the XFEM
was applied to analyse the fatigue crack propagation on the lower surface of the rocket
deflector with pre-existing initial cracks. This study primarily focuses on the direction,
initiation length, and fatigue propagation rate of cracks in rocket deflectors with initial
cracks caused by fatigue damage or material defects during their subsequent operational
service. The obtained results will serve as a reference for the safety performance design of
maritime rocket deflectors.

2. Models and Environmental Parameters
2.1. Rocket Launch Platform Model

The research in this paper focuses on the lower surface of a rocket deflector trough
subjected to direct impingement from the rocket plume, as illustrated in the overall model
of an offshore rocket launch platform shown in Figure 1a.

Given that the high-temperature and high-speed airflow during rocket launches
primarily affects the launch area of the platform (the main body of the deflector trough
and the connected upper deck region), and considering the symmetrical distribution of the
deflector trough, the right side of the deflector trough was selected as the representation
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area for computational results to simplify the visualisation, as illustrated in Figure 1b.
During a rocket launch, the plume jet traverses the deflector trough inlet positioned at
the centre of the launch deck, exerting a direct impact on the deflector trough beneath
the deflection hole. Subsequently, it follows the guidance of the deflector’s lower surface,
ultimately exiting from the openings at both ends of the deflector. The dimensions of the
deflector trough are illustrated in Figure 2.

(a)

70000

~/ 1

(b)

Figure 2. Diagram of deflector dimensions; (a) Overall dimensions diagram of the rocket deflector;

(b) Overall profile diagram of the rocket deflector.

2.2. Environmental Load Parameters

The external environmental parameters of the deflector are primarily divided into
temperature parameters and exhaust plume impact load parameters. The conventional
method to ensure the structural safety of the rocket deflector is to install heat insulation
materials on the surface of the deflector, which can significantly reduce the temperature of
the metal structure directly exposed to the rocket plume. By incorporating sensors beneath
the insulating layer on the lower surface of the deflector, it becomes possible to capture
data regarding temperature variations and exhaust plume impact loads during the initial
1.1 s of a rocket launch. Figures 3 and 4 illustrate the numerical values of temperature and
impact force at specific moments, visually representing these critical parameters.

0.2s 0.6s

17.0 1285
107.7 1195
1105
1015
92.50
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(b)

Figure 3. Temperature contour plot: (a) 0.2's, (b) 0.6 s, (c) 1.1s.
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Figure 4. Impact force load cloud map; (a) 0.2 s; (b) 1.1s.

The boundary conditions for the overall model were defined as an air environment
with a pressure of 101,325 Pa and an ambient temperature of 20 °C. There was no heat
exchange between the deflector and the external environment. The deflector walls were
treated as no-slip surfaces. The boundary constraints were applied to both the symmetry
planes of the deflector and the region where the deflector is connected to the upper deck of
the platform, involving fixed displacement and rotation. The material chosen for the rocket
deflector was grade E ordinary shipbuilding steel. The chemical composition of this steel
is: C < 0.17%, Mn < 1.4%, Si < 0.35%, P < 0.035%, S < 0.035%, Al > 0.015%. It is crucial
to note that the increase in temperature not only diminishes the elastic modulus of the
metal material but also attenuates its yield strength [18]. Consequently, both these material
properties are dynamically adjusted with temperature variations [19], as comprehensively
outlined in Table 1 [20]. The temperature referenced for the fracture mechanics properties
of the deflector metal material is above 200 °C. In comparison, this study’s maximum
temperature on the lower surface was 132.2 °C. The actual temperature of the metal is
lower than this, because this study measured the temperature on the backside of the
insulation material. The fracture mechanics properties of the deflector material were set
using room temperature parameters, as detailed in Table 2 [21].

Table 1. Elastic modulus and yield strength of grade E shipbuilding steel at various temperatures.

Temperature (°C) Elastic Modulus (10° MPa) Yield Strength (MPa)
16 2.032 299.0
200 1.950 245.8
250 1.930 229.0

Table 2. The fracture mechanics properties of grade E steel at room temperature (20 °C).

Gjc (N/mm) C m AKy, (N/mm?7?)
80.0330 2.2644 x 10716 4.1987 225.7000

The material parameters c¢; and c; were used to judge the crack from absence to
presence and were taken as 0.5 and —1, respectively. The parameters c3 and c; were related
to the material’s intrinsic properties and were taken as 3.74 x 10~° and 2.0994, respectively.
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3. Simulation Calculation Equations
3.1. XFEM

The fundamental idea of the XFEM [22] is the method of unit decomposition, which
introduces enriched functions into the displacement modes of FEM to characterise strong
discontinuities in the displacement field:

ul =3 Ni(x)ui + () )

where u" is the discontinuous displacement field; standard finite elements apply the shape
function; u; represents the degrees of freedom of regular nodes; and ¢(x) represents the
enriched approximation functions associated with the method of unit decomposition.

When applying the XFEM to solve crack propagation, the software divides the material
elements into three categories: standard elements, penetrating elements, and crack tip
elements. For the elements experiencing crack propagation, discontinuous shape functions
can be introduced to control the displacement:

uxfem(x) = ”fem(x) + ustep(x) + utip(x)

Ufem (X) = gNi(x)ul

Ustep(X) = IZ Ni(x)H(x)a 2
1€ lstep

uip(x) = L Ni(x)F(x)b;
leltl'p

In the equation above, iy, (x) represents the approximate displacement field of
the extended finite element; u ¢, (x) represents the approximate displacement field of
the standard finite element; usp (x) represents the approximate displacement field of the
penetrating element crack; uy;,(x) represents the approximate displacement field of the
crack in the crack tip element; I is the set of all nodes in the solution domain; Is.p is the set
of nodes penetrated by the crack; I, is the set of nodes affected by the crack tip region;
H(x) is the step function for the penetrating element; F(x) is the enrichment function for
the crack tip element; a; represents the degrees of freedom associated with enriched nodes
related to the jump discontinuity; and b; represents the degrees of freedom associated with
enriched nodes related to the crack tip approximation function.

3.2. Crack Propagation Criteria

The Paris equation can represent the initiation and propagation of fatigue cracks [23]:

a0~ es(aG)" ©)

In the equation above, c4 represents material-related constants.

The Paris law in the simulation associates the crack propagation rate with the energy
release rate (AG) at the crack tip. AG = Gmax — Gmin, Gmax represents the strain energy
release rate corresponding to the maximum load on the structure and the strain energy
release rate corresponding to the minimum load on the structure.

The Paris law operates within the bounds of Gyesy and Gy, where fatigue cracks
do not propagate below the former and rapidly propagate until failure above the latter.
The intermediate region between the two represents a stable crack propagation zone for
fatigue cracks.

3.3. Damage Initiation Criteria and Evolution Criteria in ABAQUS

(1) Damage Initiation Criterion: Maximum Principal Stress Criterion (Maxps Damage)

- {lom) w

Umax
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When 1.0<f<1.0 + f; within the tolerance range, damage initiates. Here, f; is the
tolerance, typically set to 0.05; 03, is the critical maximum principal stress value; and
(0max) signifies

<Umax> =0,0max <0
- . 5)
<Umax> = Omax, Omax = 0

The above expression implies that no damage initiation occurs in the element with a
penetrating crack under pure compressive loading conditions.

(2) Damage Evolution Criterion: Energy-Based Damage Evolution Criterion

In ABAQUS, the overall damage of a structure is represented by D, with an initial
value of 0. If a damage evolution model is defined, the value of D increases after the
model undergoes further loading, gradually evolving towards 1. ABAQUS’s damage
evolution law describes the degradation rate of material stiffness in each cycle once the
corresponding initiation criteria are met. For ductile materials, ABAQUS assumes that
stiffness degradation can be modelled using a scalar damage variable D. Within any given
analysis cycle, the stress tensor in the material is determined by the scalar damage equation:

c=(1-D)r (6)

The equation ¢ represents the effective (undamaged) stress tensor present in the
material during the current incremental calculation when no damage has occurred. When
D equals 1, it indicates that the material has lost its load-bearing capacity, and damage has
occurred [24].

(1) Linear Evolution Damage Criterion:

D— Sm(smax - SO)
Smax(sm - SO)

@)

In the equation above, s, = %, F is the effective traction measured in MPa, and G is
the energy released upon damage measured in J.

(2) Exponential Evolution Damage Criterion:

D:/S"’ Fds
w G—Go

In the equation above, Gy is the energy release at the onset of damage measured in J,
and s is the effective displacement measured in mm.

®)

4. Experimental Validation of the Effectiveness of the Simulation Method
4.1. Experimental Setup

The material used for the fatigue crack propagation experiment was the GH4133B
alloy, in the form of standard CT specimens. The stress ratio for the fatigue experiment was
set to 0.02 (R = 0.02), and a sinusoidal wave with a frequency of 5 Hz was employed as
the experimental loading frequency. The tensile stress direction was set as symmetrically
reversed [25].

The measurement method for fatigue crack propagation was as follows: After sub-
jecting the specimen to a certain number of cyclic stress loadings, the test machine was
temporarily halted. Subsequently, the specimen’s crack was examined utilising an electron
microscope, with images of the crack tip captured. These images were then juxtaposed
with prior observation results to trace the path of fatigue crack propagation, concurrently
documenting the associated cycle counts. The specimen parameters are shown in Table 3
and Figure 5, and the tested specimen is shown in Figure 6.

139



J. Mar. Sci. Eng. 2024, 12, 207

Table 3. Specimen parameters.

Specimen Thickness

Specimen Number Symmetric Load (P/kN) (W/mm)
1 7 6.8
2 6.5 6.8
3 85 6.4
4 8.8 6.8
50

11

P

11

24
T

Figure 6. Experimental specimen.

4.2. Comparison between Experimental Data and Simulation Data

The stress cycle counts obtained through experimental measurements and simulated
by the Extended Finite Element Method when the crack propagated to a length of 15 mm
are presented in Table 4. The relationship between the crack length (a) and the number of
cycles (N) for specimens measured through experimental methods and simulated using

the XFEM is illustrated in Figure 7.

Table 4. Comparison of experimental and simulation results.

Number of Cycles in the Number of Cycles in the Relative Error
Specimen Number Experimental Method Simulation Method %)
(N/Cycle) (N/Cycle)
1 135,375 140,515 3.80
2 179,672 175,050 2.57
3 50,080 50,975 1.79
4 70,806 71,575 1.09
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Figure 7. Comparison of experimental and simulation results.

Reviewing Table 4, it becomes apparent that the maximum error in the number of cycles
measured by the two methods was 3.8%. Figure 7 illustrates that the crack propagation
patterns of the specimens obtained through both methods generally aligned under equiv-
alent thickness and load conditions. The observed trend indicated an increment in crack
propagation rates with the number of load cycles, affirming the reliability of XFEM simulation.

5. Numerical Results and Discussion
5.1. XFEM Simulation Approach for Fatigue Crack Growth

This paper employed the XFEM to simulate the numerical growth process of cracks.
The XFEM, by introducing additional shape functions into the finite element mesh, can
handle the extension of cracks more naturally. In the calculation of crack propagation, the
XFEM employs the concept of unit decomposition to introduce specific functions relevant
to the problem into the approximation space, ensuring the convergence of results [26]. The
level set method is a numerical technique within the XFEM used to determine the position
of the internal interface of cracks and to track the growth of cracks. Any internal interface
can be represented using its zero-level set function [27,28].

In the simulation, the release of nodes at the crack tip was based on ABAQUS damage
initiation and evolution criteria. The fracture energy in the crack tip region accumulated as
the load cycled continuously. When the cumulative fracture energy at the crack tip nodes
reached a specific threshold, the XFEM released the fracture energy at the tip, and this
released energy was used to initiate a new crack, simulating the extension of the crack.
ABAQUS abandons the coupling issues introduced by two shape functions, making it
unable to simulate branching cracks. However, the XFEM, utilising the unit decomposition
and level set methods, can accurately simulate the extension of a single crack. Therefore, in
this paper, crack propagation refers to the growth and elongation of cracks caused by cyclic
loading and does not include an increase in the number of cracks.

The growth of the crack in each numerical step was determined by monitoring the
stress intensity factor range at the crack tip [29]. Using empirical relationships like the
Paris law, the crack growth rate was associated with changes in the stress intensity factor,
allowing for the crack growth calculation in each step. This ensured that the XFEM can
simulate the actual growth behaviour of cracks under fatigue loading.

5.2. Crack Area Configuration

The crack locations were chosen based on the stress—strain calculation results of the
deflector’s lower surface. Two positions were selected, one corresponding to the maximum
stress and the other to the maximum strain. Figure 8 indicates the specific locations of
the cracks along with the results of stress/strain calculations. Position A corresponds to
the location with the maximum stress, as shown in part (a). Position B corresponds to the
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location with the maximum strain, as indicated in part (b). The region circled in yellow
represents the area designated for pre-inserted cracks. The width of the lower surface of
the deflector plate was 20 m. According to the design requirements for the launch platform,
the crack size could not exceed 5%o of the deflector plate width. This paper conducted
simulations under the worst-case-scenario assumption; hence, the initial crack length was
set to 100 mm.

v (-8
D& i ¥y 3
Positigh A & - 4 Pogition B

S, Mises U, Magnitude
SNEG, (fraction = -1.0) 2568 x 10!
1.220 x 10!
1.119 x 10!
1.017 x 10
9.151 x 10°

Figure 8. Schematic diagram of operating condition zones; (a) Condition A: Cracks are positioned
at the locations of maximum stress; (b) Condition B: Cracks are positioned at the locations of

maximum deformation.

Considering that the crack propagation on the lower surface of the deflector occurred
only in localised regions, a “shell-to-solid” coupling theory based on ABAQUS [30] was
adopted. Figure 9 illustrates the shell-solid coupling principle. In this approach, the
localised regions where cracks must pre-exist are configured as three-dimensional solids.
In contrast, the overall model region is kept as a two-dimensional shell. This configuration
was implemented to simplify the computational process. The form of the crack was
characterised as a penetrating crack.

Solid region
(The crack propagation zone)

Configuration of Penetrating Cracks

)_i\!h ickness.

Shell-to-solid interface

(b)

(@) (0)

Figure 9. Shell-to-solid coupling schematic diagram; (a) Overall; (b) Local detailed illustation;
(c) Crack configuration.
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The cracks studied in this paper were penetrating cracks that vertically traversed the
lower plate of the deflector groove. The plane coordinate system selected for measuring the
initial crack’s inclination angle was located on the plane in the region where the crack was
present. Figure 9b,c illustrates the configuration of penetrating cracks and the establishment
of the coordinate system referenced by the inclination angle of the crack.

5.3. Crack Propagation Direction

The pre-inserted cracks on the lower surface of the rocket deflector experienced
various types of stress, including tensile stress, compressive stress, torsional stress, and
shear stress. Due to the non-uniformity in the motion of the rocket plume flow field,
there were variations in the temperature and exhaust plume impact loads, both in terms
of direction and magnitude, across different regions of the lower surface of the deflector
trough. As a result, cracks at different positions and inclinations experienced differences
in the magnitude and direction of the principal stress. Figures 10 and 11 depict schematic
diagrams illustrating the inclination and propagation of pre-inserted cracks under the
propagation scenario for two operational conditions, both occurring within the same
number of load cycles. In the figures, the X-axis direction corresponds to 0°, and the Y-axis
direction to 90°. The counterclockwise direction represents an increase in inclination. For
clarity, the crack represented by the thick line in the figure is the initially pre-set crack in
the deflector groove. In contrast, the crack represented by the thin line is the newly formed
portion resulting from the fatigue-induced crack propagation of the pre-set initial crack.
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Figure 11. The crack propagation results under different pre-set inclinations for operational condition B.

The deformation coefficients in the resulting figures were set to 0 for ease of observing
the crack extension. According to the crack propagation results of the pre-inserted cracks on
the lower surface of the deflector trough under the two operating conditions, it was evident
that with the continuous increase in the pre-set inclination angle, the crack propagation
length exhibited a trend of initially increasing and then decreasing. The maximum crack
propagation length was attained when the inclination angle approached 70°. Comparing the
crack propagation lengths in the two operating conditions, it was observed that under the
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same inclination angle and number of stress cycles, the crack propagation length in the region
of maximum deformation was generally greater than in the region of maximum stress.
Figure 12 illustrates the relationship between the crack propagation direction and the
location of the maximum principal stress at the crack tip. The black line represents the
initially pre-set crack, while the thin blue line represents the newly formed portion due to
fatigue crack extension. The green arrow indicates the direction of crack propagation, and
the numbers above the arrows represent the element numbers penetrated by the crack. For
example, “(D" represents the number of the first unit cell penetrated by the crack. The red
dots represent the positions of the maximum principal stress due to stress concentration
when the crack penetrates each element, and the yellow dots represent the positions of
the secondary stress (stress values just below the maximum principal stress) due to stress
concentration when the crack penetrates each element. The numbers before the stress
values correspond to the element numbers. For example, “1) 418 Mpa” corresponds to a
red value, and the digit “1” before the numerical value indicates the maximum stress value
at the crack tip and its location when the crack penetrates the first unit cell. The adjacent
pairs of points arranged side by side in the figure indicate that both the maximum principal
stress and secondary stress occurred at that point before and after the crack penetration.
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Figure 12. Diagram of crack propagation direction and principal stress locations. (a) Diagram of

crack propagation in the lower region, (b) Diagram of crack propagation in the upper region.

Figure 12 shows that as the crack propagated within an element, stress concentrations
occurred at the nodes along its advancement direction. The node’s position with the
maximum stress determined the deviation direction of the crack tip within that element.
Simultaneously, the position and stress magnitude of secondary stress nodes influenced
the deflection angle of the crack propagation.

The combined analysis of crack propagation trends under both operating conditions
revealed that, under certain pre-set inclination angles (50°, 60°), crack propagation was
not solely oriented towards increasing the length of the crack. After a certain distance of
cracking, the crack trajectories at the upper and lower ends, or one of them, tended to extend
into the region where the fracture had already occurred. This indicates a tendency to detach
the surrounding structure from the lower surface of the deflector. If this trend of crack
propagation continued, it would compromise the integrity of the deflector trough structure,
reducing the strength of the lower surface structure. Simultaneously, detached fragments
of the overall structure would be ejected with high kinetic energy, accompanying the plume
flow field within the deflector trough. This could result in secondary damage to the deflector
trough and other structures, posing a potential threat to the rocket engine. Therefore,
particular attention should be given to the 50° and 60° inclination cracks originating from
fatigue damage on the lower surface of the rocket deflector trough.

5.4. Minimum Initial Crack Length for Crack Propagation

Table 5 shows that the number of load cycles required for the initiation and propaga-
tion of pre-inserted cracks at different inclinations exhibited an overall trend of initially
decreasing and then increasing with the increase in the inclination angle. For condition
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A, the minimum initiation and propagation angle was 50°, while for condition B, the
minimum initiation and propagation angle was 60°. In this section, the minimum initiation
and propagation angles obtained from Table 5 for the two operating conditions were taken
as pre-set angles to investigate the minimum initiation and propagation lengths of cracks
at these two angles under their respective conditions.

Table 5. Crack initiation cycle numbers at different pre-set inclinations.

Inclination 30° 40° 50° 60° 70° 120° 140° 150°
Condition A 2317 6221 609 2191 1465 3013 5761 19,992
Condition B 32,217 31,647 1251 266 2719 3125 1435 23,495

This section explores the minimum initial length required for the continued expansion
of the initial crack on the lower surface of the deflector groove. In this section, the variable
being changed was the length of the initially pre-set crack on the rocket deflector groove.
Regarding the practical scenario, within the service life cycle of a rocket launch platform,
no more than 60,000 rocket launch missions and experiments will be undertaken. Therefore,
with 60,000 load cycles as the upper limit, if no fatigue propagation occurs in the initial
crack after 60,000 load cycles, it is considered that a crack of that length will not continue
to propagate. This section also uses this criterion to determine whether the crack is
propagating.

With the increase in the initial length of pre-existing cracks, the rate of fracture energy
accumulation at the crack tip accelerates, reducing the number of stress cycle repetitions
required for crack initiation. Figure 13 illustrates that, under condition A, the minimum
crack initiation length was approximately 40 mm, whereas under condition B, it was
around 20 mm. In the region of maximum stress, the number of cycles required for crack
initiation is highly sensitive to changes in the initial crack length. As the initial crack length
increases, the initiation cycles for cracks located at the point of maximum stress sharply
decrease. In the region of maximum deformation, the increase in the initial crack length
has a relatively weak impact on reducing the crack initiation cycles. The overall decrease
remains relatively stable. From the figure, it can be observed that when the initial crack
length exceeded 85 mm, cracks pre-existing in the region of maximum stress exhibited a
faster crack initiation rate, whereas, for lengths below 85 mm, cracks situated in the region
of maximum deformation demonstrated a faster initiation rate.
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Figure 13. Load cycle number diagram before initiation of cracks with different lengths.

5.5. Crack Propagation Rate

Figure 14 shows that in both conditions, the crack propagation rate exhibited signifi-
cant fluctuations and abrupt changes during the early stages of fatigue crack propagation.
These fluctuations are attributed to variations in the crack propagation mechanism and
changes in stress amplitude. Additionally, since ABAQUS cannot simulate stress concentra-
tion within the interior of elements, every crack propagation was bound to penetrate one or
more element bodies completely, leading to fluctuations in the calculated crack propagation
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rates. However, with an increase in the number of stress cycles, both the crack propagation
rate and fluctuations eventually stabilised.
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Figure 14. Crack propagation rate chart; (a) Condition A; (b) Condition B.

By comparing the two operating conditions, it can be observed that the fluctuation
amplitude of the crack propagation rate under condition A was approximately 0.0063,
which is smaller than the fluctuation amplitude under condition B (0.022). Figure 14
shows that the crack propagation rate in the region of maximum deformation was higher
than that in the region of maximum stress. Simultaneously, the crack in the region of
maximum deformation reached the stable propagation stage faster compared to the region
of maximum stress. This is because the region of maximum stress undergoes larger stress
gradient changes during the loading process, leading to significant differences in stress
gradients at the ends of the crack. This results in a smaller stress ratio, exacerbating
the amplitude variations in cyclic stress, and thereby prolonging the time for the crack
propagation rate to stabilise.

5.6. Analysis of the Influence of High-Temperature Environment on Fatigue Life

To investigate the impact of temperature on the fatigue crack propagation of the lower
surface of the deflector trough, it was necessary first to study the influence of temperature
loads on the stress distribution of the lower surface.

Figure 15 presents the stress contour map of the lower surface of the rocket deflector
at a specific moment under the influence of temperature loads or without them. As shown
in the diagram, under the action of a single impact force, the maximum stress on the lower
surface of the deflector was located in the middle region directly impacted by the tail
flame, with a peak value of 175 MPa. However, when coupled with temperature loads, the
concentration of stress on the lower surface increased, and it was distributed more in the
upper-middle region. The maximum stress value rose to 198 MPa, representing an increase
of approximately 13%.
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Figure 15. (a) Temperature load, (b) Impact force load, (c) Coupled load.

According to Table 6, it can be observed that in the early stages of rocket launch, as the
launch time progressed, the impact of coupled temperature load on the increase in stress on
the lower surface of the deflector trough exhibited a gradually decreasing trend. When the
rocket tail flame jet’s distribution state stabilised on the deflector trough’s lower surface,
the temperature load increased the maximum stress value on the lower surface of the

146



J. Mar. Sci. Eng. 2024, 12, 207

deflector trough, which was subjected only to a single impact force, by approximately 10%.
Through Figure 15, it can be observed that temperature load altered the stress distribution
on the lower surface of the deflector under the action of a single exhaust plume impact
load, causing the concentration of stress to shift from the central region directly impacted
by the rocket’s tail flame to the upper-middle region. The maximum stress value induced
by the temperature load (205 MPa) was greater than the maximum stress values under
the exhaust plume impact load alone (175 MPa) and the coupled load (198 MPa). This
indicates that the coupling of temperature and exhaust plume impact loads decreases the
maximum stress on the lower surface, thereby enhancing the fatigue life of the deflector’s
lower surface.

Table 6. Influence of temperature load.

T/s 0.14 0.28 0.42 0.70 0.85 0.98 1.1
Impact Force Load (MPa) 10.3 32.4 70.0 129.0 157 183.0 175.0
Coupled Load (MPa) 221.0 201.0 1740 182.0 185.0 190.0 198.0

Impact of Temperature Load (%) 95.3 83.9 60.0 29.1 15.1 3.7 11.6
The impact of temperature load = (coupled load — exhaust plume impact load)/coupled load.

Applying the S-N curve method for calculating the crack initiation life on the lower
surface of the deflector revealed that cyclic loading from a single impact force alone did not
lead to structural fatigue failure on the lower surface. Consequently, there was no initiation
or propagation of cracks on the lower surface of the deflector under the influence of an
exhaust plume impact load alone.

6. Conclusions

This paper, based on the XFEM, draws the following conclusions through a study on
fatigue crack propagation on the lower surface of an offshore rocket deflector:

(1)  Under the coupling effect of high temperature and impact, the length of fatigue crack
propagation on the lower surface of the rocket deflector exhibits an increasing trend
with the increase in the pre-set tilt angle, followed by a decrease when the tilt angle
exceeds 70°. The maximum crack propagation length is reached when the tilt angle
approaches 70°.

(2) Thenode’s position with the maximum circumferential stress at the crack tip will de-
termine the crack propagation direction. Simultaneously, the position and magnitude
of secondary stress nodes will influence the deflection angle of crack propagation.

(3) Compared to the exhaust plume impact load alone, the coupled temperature load
not only increases the maximum stress on the lower surface of the deflector by
approximately 10% but also shifts the stress concentration region from the central
area directly impacted by the rocket’s tail flame to the upper-middle region. This,
in turn, promotes the initiation and propagation of cracks on the lower surface of
the deflector.
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Abstract: The safety assessment of ship cargo securing systems is of significant importance in pre-
venting casualties, vessel instability, and economic losses resulting from the failure of securing
systems during transportation in adverse sea conditions. In this study, an independently designed
cylindrical cargo securing scheme with supporting structures was adopted for investigation. Utilizing
a sway device, three-degree-of-freedom coupled motion encountered during ship transportation
was obtained, and data regarding changes in the support forces at the foundations and tension
forces in the lashing ropes were collected. Subsequently, numerical simulations were conducted
using the multibody dynamics software ADAMS 2020. The results obtained from the simulations
were compared with the experimental data. The overall tendencies were accurately predicted in
the numerical analysis. It was observed that the difference of the peak support forces between the
numerical simulation results and the experimental data were within a 10% margin. In terms of
the lashing ropes, the difference was limited, within 9%. These findings demonstrate that numeri-
cal simulation techniques can provide valuable insights for verifying the safety of practical cargo
securing systems.

Keywords: shipping; cargo securing; ADAMS; lashing force; support force

1. Introduction

During transportation, the securement of cargo and equipment has consistently been
recognized as a significant influencing factor affecting vessel navigation and cargo safety. If
the cargo securing method is not appropriate, the cargo may move to one side, increasing
the risk of capsizing when the ship s course changes rapidly [1]. When encountering
adverse sea conditions, the violent motion of the vessel can lead to the failure of container
securing systems, resulting in significant losses, such as container collapse, ship instability
and capsizing, and casualties [2]. Vehicles and cargo, whether on the ship’s deck or in
the cargo hold, require the implementation of securement measures to prevent cargo
displacement and tipping during transport due to unexpected adverse weather conditions
such as sudden waves and strong winds. However, there are limited stipulations within the
relevant securing documentation concerning stowage techniques for non-standard cargo.
In practical operational procedures, cargo securing is often executed based on the crew’s
own experiences, lacking clear corresponding securing standard verification requirements.
This results in inefficient securing practices, leading to occurrences of either excessive or
insufficient restraints [3,4]. With the development of maritime transportation, the demand
for enhanced safety in cargo securing methods has become increasingly urgent, prompting
scholarly focus on the safety assessment of securing cargo on ship decks.

Some scholars employ experimental research to measure the forces acting on ship-
borne cargo during actual transportation processes. Mikael Sternsso and Bjorkenstam [5]
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utilized vehicles equipped for long-term measurement of lashing forces and deck’s reaction
forces on the Ro-Ro vessel’s deck. Their findings revealed limitations in traditional vehicle
securing methods, with lateral displacement primarily governed by friction forces between
tires and the deck. Junbo Jia [6] conducted experimental research on the frictional forces
experienced by automobile tires on Ro-Ro vessels, emphasizing the safety concerns related
to lateral displacement and sliding. In subsequent research, Junbo Jia [7] proposed that
the safety of vehicle transportation is primarily influenced by the oscillatory motion of
ships, and the motion of the ship’s hull is highly correlated with wave height and loading
conditions. Under specific weather conditions and on certain routes with favorable sea
conditions, vehicles can be securely positioned in most areas of the ship without being
fastened. Matusiak [8] also conducted simulations of unfastened cargo in irregular wave
conditions at an earlier stage, recognizing the indispensability of securing schemes due to
motion-induced sliding forces exceeding available friction. The Swedish Transport Admin-
istration, in collaboration with the Swedish company MariTerm AB, conducted extensive
tensile rupture tests on chains and lashing straps. It was observed that the strength of
lashing straps significantly decreases with prolonged usage, whereas the strength of chains
remains relatively unchanged. However, when utilizing chains for securing, there is a
higher probability of rupture occurring at the chain tensioner location. Therefore, special
attention should be given to the strength of chains at the chain tensioner location [9].

Experimental research provides relatively accurate and realistic feedback on cargo
securing conditions under actual ship navigation motions. However, experimental research
typically involves lengthy cycles and requires a significant investment of manpower and
resources, so the verification of securing schemes for shipping companies can be cost-
intensive. The rapid development of finite element simulation technology and multibody
dynamics simulation technology has facilitated the study of cargo securing on ships.
Turnbull [10] simplified the suspension, tires, and supports of semi-trailers and established
anumerical model for securing semi-trailers on the deck of Ro-Ro vessels. They conducted a
detailed analysis of the forces experienced by the lashing ropes of vehicles during the overall
roll and pitch motions of the Ro-Ro vessel. Surendran [11] established a numerical model
of ship motion to ensure safety during navigation. The research extensively investigated
the swaying issues of Ro-Ro vessels in waves and explored strategies to enhance ship
stability when encountering resonance conditions with waves. Kawamura [12] utilized
GPU to conduct Smoothed Particle Hydrodynamics (SPH) simulations of the six degrees
of freedom (6DoF) ship motion under maritime transport conditions. Subsequently, a
comparative analysis was performed by comparing the SPH simulation results with actual
test data to investigate the predictive accuracy of the SPH method. Jiagi Liu, Chuntong Li,
Deyu Wang [13-16] utilized numerical simulation software to simulate container lashing
bridges. They conducted comparative analysis by performing scaled-down model tests and
found a high degree of concordance between the calculated results and the experimental
outcomes. This indicates that existing numerical simulation techniques can effectively
enhance design efficiency and precision, possessing a degree of generality. Fangzhen
Song [17] utilized ADAMS software to construct a dynamic model and employed spring
forces to connect the ship’s hull model, simulating buoyancy on the water surface. This was
done to verify the role of ballast water in maintaining the stability of the ship’s hull. Edwin
Kreuzer [18] has developed a software that utilizes the principles of multibody dynamics
to compute the lashing forces of cargo securing systems on Ro-Ro ships. This software
permits the verification of the safety of the lashing system by inputting the vessel’s motion,
offering a convenient tool for shipping companies. This software serves as a convenient
tool for shipyards and suppliers to perform efficient checks on lashing securing systems.
Nam Woongshik [19] employed ABAQUS finite element analysis to predict the feasibility
of using D-ring devices in lashing securing systems. Zhu Hong-jun [20] established a
dynamic model of a ship-loading and unloading device using ADAMS software, proposing
structural optimization design schemes based on forces acting on wheels and lashing
straps.
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For the securement of non-standard goods, Code of Safe Practice for Cargo Stowage and
Securing (CSS Code) provides provisions on securing schemes, equipment, and strength. On
this basis, Jerzy Kabacinski [3] proved that simplification in the standard calculation affects
the safety margin of non-standard goods and proposed a more reliable calculation method
without simplification. Ling De-chao [21] also started from the specification and improved
the horizontal and vertical balance checking methods of non-standardized cargo units,
considering meteorological conditions. The specification calculation can provide a reference
for the safety verification of cargo securing. However, the focus of the specification is on
the strength of the securing rigging, and there are few studies on the influence of the load
on the cargo itself. At the same time, the calculation method of the specification simplifies
the actual situation, affecting the reliability of the calculation results.

Utilizing numerical simulation techniques can effectively enhance safety assessments
for securing solutions, offering valuable insights for their design and optimization. How-
ever, the reliability of simulation calculations requires further research. Previous studies
have primarily focused on investigating whether the lashing forces on the securing system
during transportation exceed the allowable loads for lashing. However, with the differen-
tiation of transported goods, the impact of the lashing system on the load of the secured
cargo should also be taken into consideration.

This study presents a proprietary securing scheme that utilizes pedestal supports and
lashing ropes to secure a cylindrical cargo, with the aim of investigating the characteristics
of lashing rope forces and pedestal support forces in the securing scheme. A three-degree-
of-freedom coupled motion swing experiment was conducted using a dedicated three-
degree-of-freedom sway test rig. Subsequently, numerical simulations of the experimental
conditions were performed using the multibody dynamics software ADAMS. A comparison
between the tension data of the lashing ropes and the pedestal support forces obtained from
both methods indicated a favorable agreement. These findings suggest that the simulation
results can serve as a reliable reference for future numerical assessments of the safety of
cargo securing schemes.

2. Experimental Investigations
2.1. Test Model and Arrangement

In this study, the sway test was conducted using a three-degree-of-freedom swing test
apparatus, as depicted in Figure 1. The overall structure of the device consists of three
main components: the sway table base, the motion device, and the securing and lashing
platform. The carrying platform of this test rig measures 2 m x 4 m, with a maximum
load capacity of 3 t. It is capable of simulating multi-degree-of-freedom coupled motion
with angular ranges of £30° in roll, 15° in pitch, and vertical displacement of £0.35 m,
thereby replicating the roll, pitch, and heave motions of the securing system during a ship’s
motion.

Figure 1. Three-degree-of-freedom swing test apparatus.
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In this study, a similar securing scheme was designed with reference to the placement
of the wind turbine tower. It is assumed that the fixed object is a cylindrical structure
supported by four pedestals. In order to prevent the cylinder from falling off the pedestals,
the lateral spacing of the pedestals is increased. The bracing part of the pedestal points
toward the center of the cross section of the cylinder, forming a 57° angle with the vertical
direction. Use the rope to reload the upper side of the cylinder to complete the overall
securing. See Figure 2.

(a) (b)

Figure 2. (a) Securing scheme side view. (b) Tower placement schematic diagram.

The primary model used in the experiment is a thin-walled cylindrical structure with
a length of 2400 mm, an outer radius of 400 mm, and a wall thickness of 10 mm. The overall
mass of the model is 465 kg, and lifting lugs are welded on the top for hoisting, relocation,
and safety purposes. See Figure 3.

2400

Y 400 | 400 &

(a) Test model size (unit: mm).

e P ] )

(b) Test model photograph

Figure 3. Test model.
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The cylindrical model is placed on four symmetrically arranged L-shaped support
pedestals, constructed using 20 mm-thick steel plates. The supporting surfaces of the
pedestals are inclined at an angle of 57° with respect to the vertical axis. The steel plates
on the supporting surfaces are curved to facilitate a better fit with the test model. The
bottom of the support pedestals is welded to the surface of the sway table at predetermined
positions. The dimensions and actual installation of the support pedestals are depicted in
Figure 4.

500

300

(a) (b)
Figure 4. (a) Support pedestal model dimensions. (b) Support pedestal site model installation.
After placement, rubber pads are positioned above the cylindrical model, and lashing

ropes are arranged in a cross pattern on top of the rubber pads for preload fixation, as
shown in Figure 5.

i

4

P;.-'
br‘ ]

Figure 5. Tie rope ballast arrangement.

In this experiment, the center of the sway table securing platform plane is con-
sidered as the origin point, with the x-axis defined along the longitudinal direction of
the sway table, the y-axis along the transverse direction, and the z-axis representing the
vertical direction.

As shown in Figure 6, the blue wireframe represents the test model, the green wire-
frame represents the support pedestals, the yellow wireframe represents the rubber pads,
and the red lines represent the lashing ropes used for cross preload fixation. In this ex-
periment, two lashing configurations were selected: the middle condition and the offset
condition. In the middle condition, the cylindrical model is positioned at the center of the
platform. The four pedestals are divided into two groups and symmetrically arranged
about the y-axis in the XY plane. The distance between the two groups of pedestals in the
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x-axis direction is 1100 mm. Above the cylindrical model, three rubber pads of dimensions
1000 mm x 300 mm x 10 mm are symmetrically placed, with a spacing of 450 mm between
each pad. Two nylon ropes are symmetrically crossed and fixed on each rubber pad, with
their intersection at the center of the rubber pad. The two ends of the ropes are secured to
lashing components on the platform, which are symmetrically arranged about the x-axis,
with a spacing of 1800 mm. The distance between the lashing points on the same side of the
rubber pad is 500 mm, and the lashing points are positioned 140 mm above the platform
surface. The pedestal placement location shifts towards the negative x-axis direction by
450 mm compared to the centered placement, while all other component placement posi-
tions remain the same.

)%3—22 X3-z1 X2—zJ2 XZ]—zl X1-z2 Xl—z]l X‘3—ZZ X3-z1 XZ—ZIZ erzl X1-z2 Xl—z‘l
‘ DZ+4z2 ‘ EZ—ZI‘ D\Zfzz -z1
X3 X2 X1 X3 X2 X1
y}_. DZy2 17Z—y1 YL D?—yz -1
C ] ] [ ] [ ]
X3-y2 X3-y1 X2-y2 X2-y1 X1-y2 X1-yl X3-y2 X3-y1 X2-y2 X2-y1 X1-y2 X1-yl
(a) (b)

Figure 6. (a) Middle condition. (b) Offset condition.

The x-axis positive direction is defined from left to right, while the y-axis positive
direction is on the left side and the y-axis negative direction is on the right side. The
positions of the rubber pads along the negative x-axis direction are ordered and coded as
X1, X2, X3. The lashing rope securing points are encoded with reference to the rubber pad
coding and follow the format ‘Rubber Pad Code—Securing Point Position Information’.
The securing points on the left side of the respective rubber pads on the negative x-axis
direction are sequentially labeled as z1, z2, while those on the right side are labeled as
y1, y2. For example, “X2-y2’ represents the second securing point on the right side of the
second rubber pad when viewed from the negative x-axis direction. The support pedestal
coding uses ‘DZ’ to denote the pedestal, ‘y” for the right side of the test model, and ‘z’ for
the left side of the test model. They are sequentially numbered as 1 and 2 on the negative
x-axis direction. For instance, ‘DZ-z2’ indicates the second pedestal on the left side of the
test model when viewed from the negative x-axis direction.

2.2. Selection of Test Conditions

In order to assess the influence of different motion parameters on various lashing
methods and to conduct an in-depth analysis of the load variations in lashing components,
the following experimental scenarios have been established in conjunction with the test
conditions, as summarized in Table 1.

Table 1. Summary of test conditions.

IDX Condition Number Description of Working Condition
1 M1 Middle condition, group 1 parameter
2 M2 Middle condition, group 2 parameter
3 M3 Middle condition, group 3 parameter
4 o1 Offset condition, group 1 parameter
5 02 Offset condition, group 2 parameter
6 03 Offset condition, group 3 parameter
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According to the test conditions, M/O represents the middle and offset conditions,

respectively, and 1/2/3 represents different preset motion parameter groups. The motion
parameters are shown in Table 2.

Table 2. Parameter settings of motion parameter groups.

Group ID Roll Amplitude PIe{r(;i)l d Pitch Amplitude Pitch Period Heave Amplitude Heave Period
1 10° 10s 5° 12s 100 mm 8s
2 20° 10s 10° 12s 200 mm 8s
3 25° 10s 15° 12s 300 mm 8s
2.3. Test Data Acquisition
Figure 7 illustrates the arrangement of membrane pressure sensors and tension sensors
used in the experiment. The cylindrical model simulates cargo that is supported.
(a) Membrane pressure sensor (b) Sensor arrangement (c) Tension sensor

Figure 7. The arrangement of membrane pressure sensor and tension sensor.

Each support pedestal is equipped with rubber blocks and membrane pressure sensors
on the support surface. The rubber blocks are slightly smaller than the sensing area of the
membrane pressure sensors to ensure that the contact area is within the sensing region.
The sensors measure all the pressures on the contact surface, and the numerical values of
the support forces are directly recorded through dynamic signal acquisition, documenting
the load changes of each support pedestal under different motion postures during the
experiment. The lashing forces during the experiment are collected using tension sensors.
Tension sensors are positioned on both sides of each lashing rope, near the lashing point
locations. The sensors are connected to the basket screws through loops, and the lashing
ropes are secured to the other end of the basket screw. Prior to the start of the experiment,
the tension in each lashing rope is adjusted to 200 N by adjusting the basket screws. After
the arrangement is completed, the dynamic signal acquisition allows for the direct recording
of the changes in lashing forces. The two overall arrangements for the experiment are
shown in Figure 8.
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Figure 8. Overall layout of (a) middle condition; (b) offset condition.

2.4. Partial Test Data

Figures 9 and 10 show the time-history curves of support forces and lashing rope loads
for motion conditions M3 and O3 during the experiment. In the centered condition, due to
the symmetric arrangement of components, the support forces of each pedestal oscillate
within a relatively concentrated range. However, in the offset condition, as the pedestals
are biased toward the rear, there are significant differences in the support forces between
the front and rear groups of pedestals. The front pedestals, being closer to the center
of gravity of the cylinder, experience much higher support forces compared to the rear
pedestals. Additionally, in the offset condition, the first group of lashing ropes is subjected
to a larger relative displacement due to the cylinder’s overhang position, resulting in
greater variations in tension in this group compared to the other two. When comparing
the two conditions, although there are significant differences in the distribution of support
forces due to the varying positions, the resultant forces are relatively similar since the
model’s motion posture remains consistent under the same motion parameters. Due to the
differences in the periods of motion across different degrees of freedom, variations in phase
differences occur during motion, leading to periodic changes in peak loads for various
components in the whole movement.
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Figure 9. M3 load curve of each component under test condition.
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Figure 10. O3 load curve of each component under test conditions.

3. Numerical Simulation

In this section, based on the model test conditions described above, a simulation
analysis of the swinging motion of the model under lashing states was conducted using the-
dynamics software ADAMS. This analysis resulted in time-history curves for the loads on
each support pedestal and lashing ropes during the motion. These simulated results were
compared with the experimental results to validate the numerical simulation technique.

3.1. Numerical Simulation Model

Figure 11a represents the overall computational models for both lashing configurations.
When conducting simulation analyses of the model’s lashing experiment, the focus was on
the variation of support pedestal forces and lashing rope loads during the overall motion.
The overall motion can be achieved by applying driving functions to the platform model.
Therefore, the motion device below the platform is omitted in the modeling, and models
are only established for the platform and all components above it. Figure 11b illustrates the
simulation model for the test model, which is consistent with the experimental model and
made of ordinary steel. Figure 11c shows the numerical simulation model for the swinging
device platform, where a driving function was applied to simulate relative swinging
motion with respect to the ground, replicating the actual test platform’s motion. Figure 11d
represents the numerical simulation model for the support pedestals, with each pedestal
individually modeled and fixed relative to the swinging device platform to simulate the
pedestals welded to the platform surface. Figure 11e shows the simulation model for the
lashing ropes” compression loading method. Due to the limitation of ADAMS in modeling
spring forces as point-to-point linear connections, it cannot directly simulate the bending
compression state of the lashing ropes. Therefore, a cross-shaped block was created above
the rubber pad to represent the lashing rope positions, and these blocks were connected at
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both ends to the corresponding lashing points to simulate the lashing ropes’ compression

/

(a) The overall model of the two layout methods

~_

(b) Test model (c) Rocking device platform model

(d) Support pedestal model (e) Rope bending simulation and rubber pad model

Figure 11. Each component model in simulation calculation.

3.2. Simulation Method
3.2.1. Contact Parameters

To individually output the support forces for each support pedestal in the modeling
process, the models of the four support pedestals were connected to the platform using
fixed joints. Contact settings in the Forces module were used to set the Coulomb friction
coefficients and contact parameters for the overall simulation model. Since rubber pads
were placed on the contact surfaces of the support pedestals, the contact between the
support pedestals and the test model was configured based on the interaction between
rubber and steel. The parameters for contact forces were set based on classical theoretical
calculations [22].

According to Hertz contact theory, the relationship between contact normal force P
and the deformation ¢ can be derived from:

1
P a* 9p2 \3
R \16RE*2
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It can be deduced that: ,
P = Ké2

In this Equation, K depends on the contact object material and structure shape.

4 1
K = -R2E"
3
where % = L + R% R1, Ry are the contact radius of contact objects at the contact point.

= () V 1) + (1) HZ) . 11, Hp are Poisson’s ratio of two contact objects’ materials. E; and
are modulus of elasticity of two contact objects’ materials.
According to the Mechanical Design Manual, the static friction coefficient of rubber to
steel is 0.8, and the dynamic friction coefficient is 0.5.
These settings allowed for the simulation of contact interactions between the support
pedestals and the test model, enabling the calculation and output of support forces for each
individual pedestal during the simulation.

1
EF
E,

3.2.2. Lashing Stiffness

As the ropes only experience tension and not compression, the relationship between
spring force and spring length variation was defined using spline parameters in the Forces
module of the software. This was done in a way that ensures the spring force is zero when
the rope length is less than the initial value. During the spring setup process, an initial
spring length shorter than the securing rope spacing was set to apply the pre-tension force
to the ropes.

The stiffness value of the ropes was determined through tensile testing. Tensile testing
of the nylon ropes was conducted on a universal testing machine, as shown in Figure 12.
The obtained stress-strain curve from the tensile test is illustrated in Figure 13. It was
observed that the force-displacement curve of the 500 mm-long nylon rope exhibited
linear behavior. Through linear fitting, it was determined that the stiffness value of the
500 mm nylon rope is 85.09 N/mm. Subsequently, the corresponding stiffness values
were calculated for the actual lengths of nylon ropes used and defined in ADAMS for the
spring forces.

Figure 12. Nylon rope tensile test.
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Figure 13. Tensile test results for nylon rope.

3.2.3. Swing Device Platform Motion

The rotation of the swinging platform relative to the reference point (pivot) was

defined using the Revolute joint connector within ADAMS software’s Connectors module.

The motion of the swinging platform was defined using the Rotary Motion pair in the
Motions module. In this experiment, the pivot point for the swinging platform’s motion
was located 180 mm below the center of the platform’s surface.

The motion of the platform is a sinusoidal excitation motion with a fixed amplitude
relative to the pivot point. The drive functions for each degree of freedom motion are
defined as follows:

A xsin(27t/T x t)

where A represents the motion amplitude, which, in the case of oscillatory motion, signifies
the swing amplitude in radians, and in the case of pendulum motion, it represents the
displacement amplitude; T is the motion period; ¢ is the time variable.

3.2.4. Time Step Setting

In the simulation calculations, the time step size has a significant impact on the stability
and accuracy of the results. A shorter time step results in higher accuracy. Figure 14 shows
the support force curve of the pedestal calculated by setting the analysis steps at 10, 20,
50, 100, 500 and 800 steps per second under the M3 condition. When the analysis step is
below 100 steps per second, there are a lot of unreasonable fluctuations in the curve. When

the analysis step is greater than or equal to 100 steps per second, the resulting calculation
curve remains smooth.
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Figure 14. Cont.
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Figure 14. Comparison of calculation results from different analysis steps.

In order to take into account both calculation accuracy and calculation efficiency, in
this simulation, the time step was set to 500 steps per second.

4. Results and Discussion
4.1. Support Force of Pedestal

When comparing the pedestal support force curves for each working condition be-
tween the test and simulation, it can be observed that the overall trends are consistent,
except for some differences in the peak load. Comparing the calculated conditions for dif-
ferent sets of motion parameters, it can be seen that, as the motion amplitude increases, the
magnitude of the pedestal support force variation also increases accordingly. Furthermore,
in the eccentric placement condition, where the pedestals are arranged toward the rear of
the model, the front pedestals are closer to the model’s center of gravity, resulting in higher
support forces compared to the rear pedestals and the pedestals in the centered condition.
When designing similar securing schemes, it is advisable to avoid situations where support
structures are biased toward one end to reduce the likelihood of load concentration on a

specific support component. See Figure 15.
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Figure 15. Comparison of supporting force curves of pedestal under different conditions.
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4.2. Lashing Force

The comparison between test and simulation for the rope loads is similar to that of the
pedestal support forces. The overall trends are consistent, except for some differences in
the peak load. As the motion amplitude increases, the magnitude of the rope load variation
also increases accordingly. In the offset condition, the ropes that are under tension in
the model’s suspended section experience larger load variations compared to the other
ropes. This is attributed to the greater relative displacement of the suspended section
during motion, resulting in substantial changes in rope lengths. In all working conditions,
the rope loads exhibit periodic variations within each motion cycle. This periodicity is
due to differences in the periods of motion for different degrees of freedom, resulting
in various phase differences during the motion process. Therefore, when verifying the
safety of securing schemes, it is essential to consider the motion states with different phase
differences to ensure the accuracy of the verification results. There is sudden fluctuation in
the partial load curve of some test conditions, but it does not appear in the corresponding
simulation conditions. It is presumed to be caused by local vibration during the test. See
Figures 16-21.
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Figure 16. Comparison of lashing force curves of each rope in M1 condition.
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Figure 17. Comparison of lashing force curves of each rope in M2 condition.
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Figure 18. Comparison of lashing force curves of each rope in M3 condition.
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Figure 19. Comparison of lashing force curves of each rope in O1 condition.
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Figure 20. Comparison of lashing force curves of each rope in O2 condition.
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Figure 21. Comparison of lashing force curves of each rope in O3 condition.

The smaller amplitude of rope load variations compared to the 200 N pre-tension
force is attributed to the support provided by the pedestal. The support structure of the
pedestal directly restricts the model’s displacements in various directions other than the
vertical upward direction during motion. In the test, the model’s motion does not generate
sufficient acceleration to cause the model to detach from the pedestal. As a result, the
relative displacements induced by the model’s motion are relatively small, leading to
minimal deformation effects on the ropes.

4.3. Load Peak and Error Analysis

In previous studies, the safety of the securing scheme was mainly verified by checking
whether the load of each component exceeded the allowable load. In this study, the error of
the peak load of each component is used as the criterion for the accuracy of the simulation
method. The peak load of each component and the error between the test and simulation
results are summarized in Table 3.

Table 3. Summary of load peak values for each component under different conditions.

Condition Support Force (N) Lashing Force (N)
ID Test Simulation Error Test Simulation Error
M1 3738 3380.3 9.57% 221.7 204.7 7.67%
M2 3661.1 3601.1 1.64% 225.1 211.1 6.22%
M3 3900.2 3744.6 3.99% 228.2 216.8 5.00%
o1 5765 5214.5 9.55% 200.4 212.2 5.89%
02 6331.4 5815.2 8.15% 219.4 238.8 8.84%
o3 6865.1 5881.9 14.32% 2442 250.53 2.59%

Pedestal and rope loads:

For pedestal load peaks, the error is relatively large, particularly in the O3 condition,
where the error is around 15%. However, in most cases, the error between test and simula-
tion load peaks is within 10%. The errors in pedestal loads are generally acceptable. The O3
condition, with a slightly larger error, might indicate specific challenges or conditions not
adequately captured by the simulation. The error in rope load peaks is generally within 9%.

The data from the simulation in ADAMS agrees reasonably with the experimental
data, indicating that numerical simulations conducted using ADAMS can provide valuable
reference for the verification and optimization of securing schemes.

Sources of error:

e  Numerical simplifications

In numerical simulations, simplifications were made for the test model, pedestal
supports, and ropes by assuming that all components are rigid structures and neglecting
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the local deformation effects of the structures. Additionally, in the numerical model, springs
were used to simulate the chain, leading to the introduction of some approximations.

e  Misalignments and experimental imperfections

The actual experimental setup is not as perfect as in the numerical simulations, and
there is a lack of alignment between the support piers and the cylinder. These differences
between the simplified numerical models and the actual experimental conditions can lead
to discrepancies in the results.

e  Pre-tensioning forces

The application of pre-tensioning forces to the ropes is achieved by adjusting the
basket bolts. In practical operations, the mutual influence between multiple pre-tensioning
adjustments and manual operation can make it challenging to simultaneously achieve the
predetermined pre-tensioning forces for all ropes. During the motion of the swing test
platform, there may also be gradual relaxation of the pre-tensioning forces. These factors
can introduce discrepancies compared to the numerical model, which assumes precise
relative positions and accurate pre-tensioning forces.

5. Conclusions

Based on a self-designed securing scheme experiment, data for lashing loads and
pedestal support forces in the test scheme were collected. Variations of various loads under
different securing methods and platform movements were analyzed. By setting different
motion parameters and equipment placement conditions, the study has analyzed the
time-history curves of the support forces on the support pedestals and the rope loads under
the influence of different factors. The patterns of load changes for various components
are revealed when considering motion states and securing configurations. Based on these
findings, a numerical simulation was conducted. By comparing the simulation results with
the experimental results, the reliability of the simulation method was verified. The results
show that the simulation method used in this study can be used as a reference for the safety
check of the securing scheme. The main conclusions of this study are as follows:

1. When comparing the experimental data with the numerical simulation results for
various operating conditions, the periodicity, and trends of the support forces on the
pedestal supports and rope loads are consistent, with only minor discrepancies in
peak load values. Notably, the support forces exhibit relatively larger discrepancies
compared to the rope loads. For most cases, the peak load discrepancies between
experiments and simulations are within 10%, except for a few specific conditions
where they reach around 15%. The discrepancies in peak rope loads are generally
within 9%. This demonstrates that the simulation method can be applied effectively
for engineering analysis and prediction purposes.

2. With the increase in the amplitude of the designed motion parameters, the response
amplitudes of various load components increase in all test conditions. The support
forces on the pedestal exhibit more pronounced variations, while the rope loads show
relatively smaller variations. This is primarily because the support configuration of
the pedestal supports can directly restrict the model’s displacement in directions other
than vertical during the motion. Consequently, in the test conditions, the model’s
motion does not generate significant relative displacement, resulting in minimal
deformation effects on the cables.

3. Inthe offset condition, the pedestal support force of the forward pedestal is signifi-
cantly greater than that in the centered condition. This is due to the fact that, in the
offset condition, the model’s center of gravity is biased toward the forward pedestal,
resulting in a larger load being borne by the forward pedestal. In practical structural
design of securing systems, it is advisable to avoid situations where the support-
ing structures are biased towards one end in order to reduce the likelihood of load
concentration on a particular support component.
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4. The discrepancies between numerical simulations and model experiments in the loads
on structural components may arise from two main factors. Firstly, the simulation
model assumes a rigid body model, neglecting local deformation effects. Secondly,
during the experimental implementation, the arrangement of various components
may not be as perfect as in numerical simulations. The pre-tension forces applied
to the ropes at different locations can influence each other, and it is challenging to
simultaneously achieve their predetermined values through manual adjustments.

The use of simulation technology can provide a more comprehensive reference for the
safety check of the securing scheme. However, due to technical limitations, the simulation
method of securing rigging in this study can be further improved. In addition, because the
assembly method poses difficulty in achieving accuracy of the simulation setting, the error
caused by the assembly method can also be further studied.
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Abstract: The rock strength in an active fault zone is low and the surrounding rock is fractured and
has poor stability, making any subsea tunnel crossing the active fault zone extremely susceptible
to disasters such as tunnel collapse, sudden water ingress, and mud inrush. This poses a potential
threat to the construction project, making the dynamic stability analysis of a subsea tunnel crossing
an active fault zone of great significance. This study takes the second subsea tunnel crossing the
Cangkou Fault in Jiaozhou Bay as the engineering background and conducts numerical simulations by
employing different lining stiffnesses for tunnel excavation, as well as applying dynamic loads. The
dynamic stability of the subsea tunnel crossing the active fault zone is evaluated by comparing and
analyzing the lining’s displacement, peak acceleration, and stress characteristics. This study explores
the disaster-causing mechanisms of active fractures, determining that the hazard of orthogonal
misalignment in an active fault zone is the least severe, while the hazard of opposite misalignment
is the most severe. This research provides a basis for disaster prevention and mitigation in active
fracture zones.

Keywords: subsea tunnel; numerical simulation; dynamic stability; active fault zone

1. Introduction

Subsea tunnels are often located at the edges of continental frames and islands where
seismic activity is intense, crossing various geological strata and sometimes intersecting
with active fault zones. When the construction of tunnels inevitably crosses active fault
zones, the activity patterns and deformation characteristics of these zones during the
effective period of the project will affect the safety and stability of the engineering work [1,2].
Potential earthquakes and misalignments of fracture zones can lead to the opening and
closing of rock mass structural surfaces, slippage, and the initiation—expansion—coalescence
of cracks at these active fault zones crossed by subsea tunnels. This reduces the stability of
the rock mass and, in severe cases, can even cause structure damage and deformation to
the tunnel, destroy the tunnel’s waterproofing facilities, and eventually trigger a chain of
secondary geological disasters, such as large deformations, collapses, sudden water ingress,
and mud inrush, posing a serious threat to the long-term safety and maintenance of subsea
tunnels [3,4].

Due to the principle of avoiding active faults in tunnel engineering design, there are
few engineering cases of tunnels crossing active fault zones. The characteristics of internal
force distribution, deformation patterns, and failure modes within the rock mass of fault

J. Mar. Sci. Eng. 2024, 12, 839. https://doi.org/10.3390/jmse12050839 173 https:/ /www.mdpi.com/journal /jmse



J. Mar. Sci. Eng. 2024, 12, 839

zones under fault displacement and seismic actions are closely related to the dynamic
response of submarine tunnels to fault zones [5-7]. The seismic damage to fault-crossing
tunnels is considered to have two main causes: one is the vibrational damage to the tunnel
caused by earthquakes; the other is the shear damage to the tunnel caused by the fault.
When the engineering geological conditions where the tunnel is located are good, the
tunnel itself has better seismic performance. Tunnel seismic damage generally occurs more
frequently in areas with complex geological conditions, such as poor rock mass quality and
significant variations in stratum conditions. He et al. [8] found that tunnels crossing fault
zones are prone to damage in earthquakes, and the fault zone sections are the controlling
areas for the tunnel’s resistance to seismic damage. The main forms of seismic damage
are displacement and various types of cracking. Currently, the main theoretical analysis
method for tunnels” seismic resistance is the analytical method, with the pseudo-static
method being the most widely used within the analytical methods. However, due to
constraints that differ from above-ground structures, the results of this method tend to
be conservative. Research on the dynamic response and stability of tunnels can also be
conducted through model experiments and numerical simulations. Fang et al. [9], based
on a shaking table, studied the dynamic response patterns and characteristics of fault-
crossing tunnels under different vibration directions. They found that faults could weaken
the propagation of seismic waves in the rock mass to a certain extent. Shahidi et al. [10]
studied the longitudinal seismic dynamic response characteristics of the Koohrang-III water
conveyance tunnel in Iran through numerical simulation.

The impact of active fault zones on submarine tunnels mainly has three aspects:
one is earthquakes induced by sudden stick-slip deformation, the second is the effect
of long-term creep deformation on the structure, and the third is the impact of distant
earthquakes on active fault zones [6,7,11,12]. Among these, the creep deformation of the
fault zone under tectonic stress is long-term, and it is necessary to design corresponding
tunnel structures to prevent its harm to the tunnel structure in advance. Sudden stick-slip
deformation, characterized by large displacement, a high displacement gradient, and
the potential to induce high-magnitude earthquakes, is mainly controlled by limiting
the range of damage in engineering projects. In response to the impact of active fault
displacement on tunnel structures, Kiani et al. [13] proposed a new method for assessing
tunnel vulnerability curves based on centrifuge experiments and studied the deformation
and force patterns of fault-crossing tunnels under the action of normal faults. Ma et al. [5]
revealed the damage mechanisms of tunnels under the displacement effect of strike—slip and
thrust faults through numerical simulation, from aspects such as lining deformation, stress
distribution, and the distribution of plastic zones, finding that lining damage is significantly
influenced by the displacement of active faults. Liu et al. [14], based on model experiments,
studied the effect of fault dip angle on the mechanical response characteristics of tunnel
structures, discovering that as the fault dip angle decreases, the tunnel structure’s mode of
failure shifts from bending to shear damage. Due to the complex force characteristics of
submarine tunnels in complex seabed environments under seismic actions, their damage
mechanisms are diversified under the effect of earthquakes. Influenced by the interaction
between marine engineering geology and tunnel structures, as well as the stability of
marine engineering geological bodies, the issue of seismic disasters becomes even more
complicated [15-17].

In this study, a series of numerical simulations are conducted to analyze the influence
of the dynamic seismic action and the motion of active fault zones on the dynamic stability
of a subsea tunnel crossing an active fault zone. Section 2 briefly introduces the engineering
background of the second subsea tunnel in Jiaozhou Bay, Qingdao. Section 3 shows the
detailed numerical simulation and study of the dynamic stability of the subsea tunnel under
different support conditions. Section 4 shows the results of the numerical simulation of the
dynamic stability of the subsea tunnel under seismic effects and fault motion. Section 5 is
the discussion and limitations section of this paper. The conclusions are given in Section 6.
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2. Engineering Background

The second subsea tunnel in Jiaozhou Bay will connect Qingdao and Huangdao and
be a transportation corridor and critical infrastructure asset linking various blue economic
zones. With a total length of 14.36 km, it will be Asia’s longest subsea road tunnel and the
world’s most giant subsea concealed dredge road tunnel [18].

The coast of Jiaozhou Bay has typical mountainous bedrock, and the nearby topog-
raphy and geomorphology are influenced by rock lithology and geological structure, and
external forces influence the geomorphology. On the whole, Jiaozhou Bay has a large belly
and small mouth, deep water in the southeast, sloping topography from north to south,
and a flat seabed in the north of the bay. According to the preliminary survey results, the
stratum of the Jiaozhou Bay area is mainly granite, with local development of gabbro veins,
and the surface layer is covered with a small amount of residual soil and a weathering
layer. The geotechnical type is relatively singular and uniform, except for the possible
development of a local tectonic fracture zone. There is no other particular geotechnical
distribution. The area where the project is located crosses two first-class geotectonic units
of North China, and the Yangzi fault block, and the project line is basically located in the
area of the North China fault block where the seismic structure is developed. Among
them, the north-northeast-oriented fractures are large in scale and have a long history of
activity, while the northwest-oriented fractures show a Neozoic nature and control the Late
Cenozoic basin. The main source of earthquakes in the project area is the strong seismic
activity of the Tanlu Fault Zone and Bohai-Penglai Fault Zone. Combined with the regional
geological background, the near-field area of the project has the conditions for earthquakes,
and earthquakes of magnitude 6 to 7 may occur within one hundred years.

The second subsea tunnel in Jiaozhou Bay crosses the Cangkou Fault (F52 in Fig-
ure 1), which has more fractured rocks and develops several cross-sections. During the
construction process, many disaster problems may emerge, such as issues causing local
relative displacement of the tunnel and changing the force and surrounding rock stress of
the tunnel structure, which will cause incalculable damage to the subsea tunnel.

119.8 120.0° 120.2 120.4° 120.6 120.8 121.0°
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! M4.7-49

Figure 1. Distribution of epicenter and fault zone in Qingdao and its adjacent areas.
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3. Numerical Simulation
3.1. Model Geometry

This study uses the second subsea tunnel in Jiaozhou Bay, crossing the Cangkou Fault,
as an example. The first consideration is to build a model of a suitable size. The mesh
division needs to strike a balance between computational cost and accuracy. Excessive
density incurs higher computational times, while insufficient density compromises accuracy.
Balancing comprehensive site conditions and model simplification, this paper determines
the subsea tunnel model, for the left and right directions, should extend 40 m on either
side. The upward direction, or buried depth, is set at 45 m, downward as 25 m, and along
the tunnel axis as 120 m. The tunnel radius is 6.5 m. After dividing the grid, there are
109,739 cells and 116,684 nodes. The rock mass in the numerical simulation is modeled
using the Mohr—Coulomb model, and the excavated section is set as a null model.

The model (shown in Figure 2) is divided into eight groups. The active fault zone is
10 m thick, with an inclination of 62.9°, and is located between 20-65 m in the Y-direction.
The overburdened miscellaneous fill is 15 m thick. The blue part represents the hanging
wall of the active fault zone, and the brown part represents the footwall of the active fault
zone. The blue and brown areas are slightly weathered granite, divided into two by the
active fault zone. The tunnel inside the middle of the model represents the tunnel. The
initial support, the secondary lining, and the grouting reinforcement are set around the
tunnel one by one.

Seafloor Cover
A

s

15m

v
oyueid pazoyieam ApYsiS

= T
Active fracture zone

62.9°

Figure 2. Schematic diagram of the model.

To control the accuracy and make the dynamic calculation more clear and definite, the
cell size must meet specific requirements. For seismic waves to be accurately described in
the model, the dimensions of the dividing cell must satisfy:

AA
Al < E ~ g (1)

where A is the wavelength corresponding to the highest frequency.

The allowable cell size is 5.3 m, while the maximum cell size in this model is 3.2 m,
which meets the accuracy requirement.

Along the tunnel, a total of nine typical cross-sections are axially selected at 10 m,
20 m, 30 m, 40 m (within the fault), 50 m, 60 m, 70 m, 90 m, and 110 m for the placement of
monitoring points. For the layout of these monitoring points, four are placed in each tunnel
section at the top of the arch, arch waist, arch foot, and bottom of the invert, respectively.
The monitoring points’ layout and specific locations are shown in Figure 3.
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Figure 3. Monitoring point arrangement for the tunnel section at Y = 40 m.

3.2. Material Parameter

For the parameters of geotechnical units, based on the existing engineering cases
and the geological data of Jiaozhou Bay, Qingdao, the following necessary stratigraphic
mechanical parameters are determined, as shown in Table 1.

Table 1. Mechanical parameters of the stratum.

Material Volumetric Bulk Shear Cohesion/kPa Internal Friction Strength of
Mass/kg/m3> Modulus/MPa  Modulus/MPa Angle/° Tension/kPa
Seafloor cover 1900 17.9 1.86 5 18.0 0
Active fault zone 2200 18 4530 300 45 100
Slightly weathered 2720 7550 5660 6050 58 4257
granite

Three contact surfaces are set before, after, and at the top of the active fault zone,
and two more contact surfaces are set to separate the overlying soil and rock layers. The
parameters of the contact face are that the tangential stiffness is 4.66 x 1010 NI/m, the
cohesion is 400 kPa, and the internal friction angle is 24°.

3.3. Boundary Conditions

The displacement boundary conditions of the model in this paper are constrained to
be 0 in the X and Y positive and negative semi-axis directions and at the bottom, with the
bottom being a static boundary, while the top is free in the Z-direction without constraint.
The displacement boundary conditions are achieved by specifying the velocity component
of each boundary as 0. The dynamic boundary condition is set after the ground stress
equilibrium, and each stress value returns the initial stress state to 0.

The form of seismic wave used in this paper is a synthetic wave, acting at the bottom,
applied along the tunnel’s axial Y direction and perpendicular to the axial X direction,
but discounted by 50% for the vertical tunnel axial X direction, according to the ratio of
0.5:1 with the seismic wave along the axial tunnel input. Considering the calculation time
cost and accuracy control, seismic waves up to 5 s are selected in this paper. The dynamic
analysis is solved by concentrating the real mass of the nodes in the grid density, and the
critical calculation time steps during the calculation are as follows:

Atcritical = min{ (2)

CpAfax }
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where V is the volume of the tetrahedral subunit; Cp is the p-wave velocity; and Al o is
the maximum surface area associated with the tetrahedral subcell.

The primary seismic intensity of the proposed project area is 7 degrees, the design
primary seismic acceleration value is 0.10 g, the third group is selected in the seismic design
grouping, and the site category is I; according to each geotechnical layer and overburden
in the site area, and its characteristic period value is 0.35 s. This paper uses a form of local
damping, and its value is taken as 0.2.

Underground rock formations are subject to fault motion after geological tectonic
movements or extrusion by large ground stresses, producing significant displacements
along the active fault zone. Due to the complexity of the stratigraphic dislocation, the
dislocation is imposed after the tunnel excavation and support, and in this paper, three
cases are considered for the direction factor.

(1)  Applying velocities for Y of 3 x 107> m/s and Z of 2 x 107® m/s to the Y = 0 surface.

(2) Applying a velocity for Y towards 3 x 107> m/s to the Y = 0 surface.

(3) A set of velocities for Y toward 3 x 107> m/s and 3 x 107> m/s are respectively
applied to the two faces of the model, Y = 0 and Y = 120 m, in a squeezed manner.

3.4. Numerical Simulation Scheme

In this study, three major groups of eight working conditions for the simulation
schemes are designed for the seismic dynamic and fault motion effects of the subsea tunnel
crossing the active fault zone, and the tunnel lining stiffness is shown in Table 2.

Table 2. Simulation schemes considering different supporting structures, dynamic effects, and
fault motions.

No. Excavation Method Factor I Factor IT Factor III

1 Lining II / /

2 Lining I

3 Lining II . .

.. Seismic dynamic

4 Up and down step Lining III y /

5 method Lining IV

6 Orthogonal stagger

Lining II Seismic dynamic (Y and Z directions)

” Unidirectional stagger
(Y-direction)

8 Extrusion stagger
(Y-direction)

4. Results

Through the numerical simulation of multiple control variables, the stability analysis
of the face of the subsea shield tunnel under different geological and construction conditions
is carried out, and the influence of different factors on the face instability is studied.

4.1. Basic Features of Undersea Tunnel Excavation by up and down Step Method

The up-and-down step method excavates the upper and lower sections successively
and advances simultaneously, which is conducive to the stability of the tunnel face. It has
advantages over the full-section method in terms of simplicity of operation, low disturbance,
and construction process safety. The displacement clouds after the upper and lower step
method of excavation are shown in Figure 4, the acceleration clouds in Figure 5, and the
stress clouds in Figure 6.
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Figure 4. Displacement clouds of the tunnel section at Y = 40 m.
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(c) Maximum shear stress.

Figure 6. Stress clouds of the tunnel section at Y = 40 m.

Following excavation by the up-and-down step method, it can be obtained that the
displacements generated by the tunnel are mainly settlements. The highest acceleration
peaks are found at the top and waist of the tunnel. Based on the trend of the data from the
measured points arranged in the tunnel section, it can be determined that the fault caused
the greatest impact at Y = 40 m.

4.2. Dynamic Stability of Tunnel Structures with Different Support Parameters under
Seismic Effects

Further, the dynamic stability is analyzed under different liner stiffnesses in compari-
son, and four groups of liner stiffnesses are set in increasing order, with the bulk moduli
of 3.89 GPa, 7.78 GPa, 15.56 GPa, and 38.9 GPa; and shear moduli of 2.915 GPa, 5.83 GPa,
11.66 GPa, and 29.15 GPa, respectively.

In the total displacement cloud of the section at Y = 40 m (Figure 7), the total deforma-
tion trend is the same under different liner stiffnesses, and the total displacement decreases
with the increase of liner stiffness. The results of each displacement component at Y =40 m
profile with different liner stiffnesses are shown in Table 3. The X-direction and Z-direction
displacements decrease with increasing liner stiffness. Although the difference is not sig-
nificant, the trend is consistent with the displacement magnitude. The peak stresses of
different liner stiffnesses are demonstrated in Figure 8.
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Figure 7. Displacement magnitude clouds of tunnel section at Y = 40 m with different lining stiffness.

Table 3. Maximum displacement of surrounding rock under different lining stiffness in the section at

Y =40m.
. X-Displacement/  Y-Displacement/  Z-Displacement/  Displacement
Liner Type .
cm cm cm Magnitude/cm
Liner I 1.2035 2.0786 —40.701 40.767
Liner II 1.1865 2.0785 —40.624 40.690
Liner III 1.1608 2.0785 —40.481 40.548
Liner IV 1.1620 2.0785 —40.242 40.309
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Figure 8. Peak stress of different lining stiffness.
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In the case of specific initial support, the X- and Z-directional (reflected as settlement)
displacements become smaller as the liner stiffness increases. The absolute values of
maximum and minimum principal stress and maximum shear stress all increase with the
increase of liner stiffness under particular initial support, indicating that its stress pattern
changes and takes on more stress.

4.3. Dynamic Stability of Tunnel Structures under the Effects of Fault Motion

The forms of staggering in different ways are compared. From Figure 9, we can see that
the peak displacement of the model lining structure is extrusion stagger > unidirectional
stagger > orthogonal stagger, and the results show that the most unfavorable case for the
lining structure should be the third case. The stress indicators (Figure 10) show that the
maximum and minimum principal stresses and maximum shear stresses under orthogonal
stagger and unidirectional stagger are tiny. In contrast, the stresses under phase stagger
are much larger than the first two, reflecting the most unfavorable stresses on the lining
structure. In the orthogonal and unidirectional staggering, compressive stresses appear in
the parts of the maximum principal stress cloud where no velocity is applied, and tensile
stresses appear at the ends of the tunnel in the minimum principal stress cloud. In the
phase staggering, compressive stresses appear at the ends of the tunnel in the maximum
principal stress cloud, and tensile stresses appear in the middle in the minimum principal
stress cloud. This indicates that the fault motion greatly impacts the lining structure, and
it also means that the lining in the subsea tunnel interval near the active fault zone has
higher requirements.
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Figure 9. Lining displacement under three types of fault motion.
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Considering the factors of fault motion and seismic activity, since the direct cause of
fault motion is the displacement and motion of the two plates, the direct-acting surface is
the most critical part. The results also confirm that the maximum and minimum principal
stresses and maximum shear stresses are on the direct-acting surface, and both sides are
maximally under the effect of fault motion and bear most of the force, while the lining at
the farther side bears less force. It should be that the active fault zone is the defense’s focus.

5. Discussion and Limitations

When the active fault zone starts to misshape, the rock layers on both sides are sub-
jected to shear or tensile compression, and relative displacement occurs between the upper
and lower plates [9,14]. Furthermore, it contacts the seafloor overburden, transmitting
shear stress to the far side. Lateral bending may occur, leading to damage on the seafloor
surface. The activity of the active fault zone causes displacement and mechanical effects
only in a specific range on both sides of the active fault zone, while it has less influence on
the more distant rock masses. For different ways of movement and displacement of the
fracture zone, its tension and compression states do not change. Mainly, the changes and
differences are of specific values also affect the range and peak of its force-deformation area.
When the pressure on both sides of the active fault zone is very high, the phenomenon
of tension damage will also occur, further causing the separation and gap between the
upper and lower plates of the active fault zone. The width and angle of the active fault
zone do not change the tunnel structure’s deformation, displacement, tension, and shear.
In practice, this is often accompanied by earthquakes, cracking, depressions, or bulges in
the ground that release energy from the deeper rocks.

Only when fault motion occurs are the tunnel and the surrounding rock subjected
to tremendous stress values, and the peak acceleration and relative displacement at this
time are also enormous. The cross-sea tunnel through the active fault zone is mainly
affected by shear damage, which causes relative displacement and misalignment. This can
cause displacement, deformation, and obvious dislocation of the tunnel structure, or even
collapse and destruction of the whole, which poses a considerable risk of harm during
construction and regular use. Therefore, special attention should be paid to exploring the
specific location of the detailed active fault zone and its detailed parameters in the project’s
construction, and to strengthening the advance forecasts, real-time monitoring, and risk
assessment to better cope with various risk hazards [19-21].

Liu et al. [2] showed the danger of the subsea tunnel face when crossing the Cangkou
fault, and that the deformation of the tunnel face can be controlled by increasing the tunnel
burial depth (but not exceeding the limit), reducing the tunnel diameter, and increasing the
surrounding rock strength.

The active fault zone set in this study is tilted in a single direction after some simplifi-
cation, while in practice, it is mainly tilted in two directions. In this study, the active fault
zone is considered to suffer from the effects of seismic dynamics and fault motion under
the separate working conditions. However, the more complex dual actions of simultaneous
effects are not considered.

Based on this study, adding methods such as fluid—solid coupling and flow coupling
to simulate the pore water pressure and rock force will bring the model closer to the actual
situation. Designs including a flexible lining and damping layer can also be added to offset
the large deformation caused by fault motion or dynamic seismic effects.

6. Conclusions

In this study, we use the second subsea tunnel in Jiaozhou Bay as the background
and establish a finite difference model to analyze the force and deformation of the tunnel
lining structure under the action of seismic dynamics and fault motion and obtain the
following conclusions.

(1) In the case of specific initial support, both X- and Z-directional (reflected as settle-
ment) displacements become smaller with the increase of lining stiffness, but the

183



J. Mar. Sci. Eng. 2024, 12, 839

Y-directional displacement remains constant. The absolute values of the maximum
and minimum principal stresses and maximum shear stress all increase with the
increase of liner stiffness.

(2) The active fault zone undergoes motion, and it can be known that larger displacements
occur when specific external influences are applied. It is concluded that the most
unfavorable situation will be caused when phase extrusion is applied. The multi-
directional disturbance and external forces applied will make the rock formation more
prone to motion, but the displacement values are not significant due to the presence
of the lining structure.
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Abstract: In recent years, bi-layer pipes, composed of an inner layer and an outer layer, have been
widely used in offshore engineering. In this study, the governing equation for a bi-layer pipe subjected
to axisymmetric loadings is derived based on classical shell theory. Then, the equation is used to
develop stress concentration factor formulations for girth welds in bi-layer pipes with fabrication
tolerances and thickness transitions. Axisymmetric finite element analysis is carried out to verify
the accuracy of the proposed formulations. It is noted that these formulations can be well suited for
determining the stress concentration factors for a wide range of thickness ratios (ratio of the inner
layer thickness to the total thickness in a bi-layer pipe) varying from 0.0 to 1.0. They can also obtain
accurate stress concentration factors whether the elastic modulus of the inner layer is smaller or
larger than that of the outer layer.

Keywords: bi-layer pipe; finite element analysis; classical shell theory; stress concentration factor

1. Introduction

Misalignment widely exists in welded structures due to the eccentricities at fabrication
tolerances or thickness transitions. The presence of misalignment introduces local bending
stress at the welded joints, and in turn, the additional loading increases the stress of the
structures. A stress concentration factor (SCF) [1] is used to assess quantitatively the effect
of misalignment on the failures of structures, and it is defined as:

Os

SCEF =1+ 1)

Onom
where o5 is the maximum induced bending stress due to misalignment and 0,0, is the
nominal stress. The maximum stress, often referred to as the hot spot stress, is the sum of
the maximum bending stress and the nominal stress. The hot spot stress, in combination
with S-N data, is usually used for the fatigue life evaluation of structures subjected to
dynamic loadings, and it is determined using the SCF multiplying the nominal stress.
Therefore, it is necessary to calculate the SCFs for various plated and tubular structural
members, and considerable research has been carried out to determine the SCFs [2-6].
Maddox [7] performed the derivation of SCFs at transverse butt welds under fatigue
loadings. Based on extensive finite element (FE) analysis of various tubular configurations,
a set of SCF formulations for the most commonly used tubular joints was developed
by Efthymiou [8] and Smedley and Fischer [9]. Lotsberg [10-12] conducted a detailed
assessment of SCFs for butt welds in plated and tubular structures subjected to axial force
and internal pressure using the classical shell theory [13]. Effects of fabrication tolerances,
thickness transitions and ring-stiffeners on SCFs were investigated systematically. It is
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noted that these formulations are used to calculate the SCFs of homogeneous (one-layer)
plated or tubular structures and have been incorporated into fatigue design rules such as
DNV-RP-C203 [14] and BS 7910:2013 [15].

In recent years, bi-layer pipes, consisting of two layers with different functions for
each layer, have been widely used to satisfy special needs [16,17]. For example, high-quality
bi-layer pipelines are increasingly emerging as the most efficient mode of transporting
vital energy resources such as oil and gas as extensive installation takes place [18-20].
The clad pipe is one of these cases, which is composed of a carbon steel outer pipe and
a corrosion resistant alloy liner, protecting the outer pipe from corrosion. Despite the
numerous numerical schemes [21-23] developed for assessing the fatigue and fracture
behaviour of bi-layer pipes with misalignment at girth welds, their practical application
remains challenging due to the difficulty of generating FE models in engineering settings.
The SCF formulations, as mentioned earlier, encounter limitations when directly applied
to evaluate stress concentrations in the notch regions at both the inner and outer sides of
bi-layer pipes.

To overcome these challenges, this study adopts an innovative approach by initially
deriving the governing equation for a bi-layer cylindrical shell under axisymmetric load-
ings, utilizing the principles of classical shell theory. This derived equation serves as the
cornerstone for developing SCF formulations tailored explicitly for girth welds in bi-layer
pipes, accounting for fabrication tolerances and thickness transitions. The efficacy and relia-
bility of these formulations are rigorously validated through comprehensive axisymmetric
FE analyses, ensuring their accuracy and applicability in real-world engineering scenarios.
The developed models not only enhance the understanding of the fatigue and fracture
behavior in bi-layer pipes but also provide a practical and robust tool for engineers dealing
with complex structural assessments in the field.

2. Derivation of Governing Equation for a Bi-Layer Cylindrical Shell

A one-layer cylindrical shell subjected to the forces distributed symmetrically with
respect to the axis of the cylinder is frequently encountered in practice. The governing
equation for the shell has been built up using the classical shell theory [13]. In this study,
a bi-layer cylindrical shell under the same loading conditions (Figure 1) is considered,
and the corresponding governing equation is derived as an extension to the classical shell
theory [13] (please refer to Appendix A for details). The definitions of related parameters
used in Figure 1 are given in Table 1.

ﬁMo(?

wh to

)

Outer layer

____________________________________________________________________________

(|
W

Figure 1. Bi-layer cylindrical shell subjected to symmetric loadings with respect to its axis.

Table 1. Definition of parameters.

Layers Thickness Quter Radius  Elastic Modulus P01ssc.)n s
Diameter Ratio
Inner layer ti d—t, / E; v;
Outer layer to d / E, Vo
Bi-layer pipe  t=t;+t, d = % / /
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The governing equation of the bi-layer shell presented in Appendix A is:

d*w  aE,t v
Db@ + r—zow =p(x) — ?N )

where Dy, is the flexural rigidity of the bi-layer shell, « is a constant depending on the ratio
of inner layer thickness to the total thickness and the ratio of elastic modulus of the inner
layer to the elastic modulus of the outer layer, r is the radius of the bi-layer pipe, v is the
Poisson’s ratio for both inner layer and outer layer, and N is the axial force applied on the
pipe. More details about Dy, and « can be referred to in Appendix A.

By introducing the notation,

aEqt

4 _
'B o 41’2Db (3)
Equation (2) can be expressed in the following simplified form:
d*w 4 p(x) v

The general solution of Equation (4), w, consists of a homogeneous part, wj, and a
particular part (w)), and it is expressed as:

w = wy +wp 5)

The homogeneous part of the solution is

e P

wy = m{ﬁMo [cos(Bx) — sin(Bx)] + Qocos(Bx) } (6)

where My and Qg are the bending moment and the shear force per unit circumferential
length at x = 0, as shown in Figure 1.
Using the following notation,

¢(px) = e P*[cos(Bx) + sin(px)] (7a)
$(Bx) = e P¥[cos(px) —sin(px)] (7b)
0(px) = e Fcos(px) (70)
{(Bx) = e Psin(px) (7d)

Equation (6) can be written as:

wy = zﬁg,lm[ﬁMolP(ﬁX) - QuB(B) ®)

The particular part of the general solution of Equation (5) is:

r
BEot

For constant p, the slope at a section x can be obtained by differentiating Equation (6),
and this provides:

wp:

[rp(x) — vN] ©

ow 1

Sk = 25D, 2BMOO(B) + Qug(B)] (10)
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The moment (per unit circumferential length) at a section x is determined by the
following expression:

2w 1

My=-Di57 =3

[BMog(Bx) + Qol(Bx)] (11)

The shear force (per unit circumferential length) at a section x is calculated as:

= M aMug () — Quip(p)] 12

Qx

3. Girth Welds in Bi-Layer Pipes with Fabrication Tolerances

In this section, a stress concentration in the girth weld of a bi-layer pipe with an
eccentricity e as shown in Figure 2a is analyzed using the equation obtained in Section 2.
Figure 2b shows the geometry analyzed. The length of the girth weld is L, and the cor-
responding slope is a. The pipe is subjected to an axial loading per unit circumferential
length N. Due to the asymmetry of the static model, the moment at the middle of the weld
(x = 0) is zero (inflection point), and the moments at the notch region (x = £L/2) have the
same values (Ne/2) but different directions, as shown in Figure 2c.

- Qutside Notch region
i e — =
d Al Inside
| (a) Longitudinal section through a double-side weld of a bi-layer pipe
% X /’Nolch region (A)
K —eluy _N_

\
Notch region (B) ~ l— Lf-l

(b) Geometric configuration analyzed

\J/ . Inflection point

TN*el2
(¢) Bending moment induced by misalignment

Figure 2. Model of a bi-layer pipe with fabrication tolerance over a section length L.

The boundary conditions of the bi-layer pipe shown in Figure 2b can be written as:

M‘x:o =0, Q|x:0 = —Nsin(a) = —N (13)

e
L

On the other hand, according to Equation (11), the bending moment at x = L/2 is:

M|,

NI

Il

|
‘m‘
[anl SN

o

NE

)

L.

=}
Y

=
Sl
~

(14)

In this study, the notch region considered is on the outside of the pipe indicated by
“A” in Figure 2b. Hence, the bending stress induced by misalignment at “A” is:

4 EoNe(t—2n,) —ee . (BL
oy = me sm( 5 ) (15)

The nominal stress for the bi-layer pipe without misalignment needs to be determined
in order to calculate the SCF. In Appendix A, it is assumed that the outer and the inner
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layers of the aligned pipe undergo the same deformation when subjected to an axial loading
N. Hence, the nominal stress is expressed as:

A N
S — 16

where ¢ is the ratio of inner layer thickness to the total thickness, and E is the ratio of the
elastic modulus of the inner layer to the elastic modulus of the outer layer.
Based on Equations (15) and (16), the SCF at “A” is determined:

A A
Tom + 0, 322y e [d—t g . (BL
F — _nhom b -1 s 17
SC A +(1_Uz)1/4L e 7 sin > (17)

nom

where
(1 —2E+E2+2E—E2E)m

_ __ _ oy _ _a_ A _4_9\3/4
(1 — 4F 4+ ATE 4+ 6 — 6FPE — 4P + 4PE+F — 2P E+ t4E2>

B = (18)

When the Poisson’s ratio is set as 0.3 (v = 0.3), Equation (17) can be written as:

SCF =1+ 3.3Oyz\/dtte_ﬂ;5in(5;> (19)

The above expression is the same with the formulation derived by Lotsberg [10] for
double-sided circumferential welds in tubular members except the remaining dimension-
less parameter y accounting for the varying thickness ratio f and elastic property ratio E.
Whent = 0or E = 1, u = 1, and Equation (19) for calculating the SCF of a misaligned
bi-layer pipe is degraded to the formulation for a one-layer pipe given by Lotsberg [10],
verifying the validity of Equation (19) derived in this study to some extent.

The comparison of the SCFs obtained by FE analysis and Equation (19) is carried
out to further demonstrate the accuracy of the formulation. The mesh design of the FE
models is based on the recommendations for the notch stress methodology in Appendix D
of DNV-RP-C203 [14]. The notches at “A” and “B” are modeled using a radius of 1.0 mm.
An axisymmetric pipeline model with a diameter of 400 mm and thickness of 20 mm is
analyzed in this study.

At first, the SCFs obtained by FE analysis for a misaligned one-layer pipe are compared
with that given by Lotsberg [10] formulation to test the validity of FE models (Figure 3). It is
observed that the maximum percentage difference of SCFs is 1.2% (e/t = 0.15), illustrating
a good agreement between the FE results and the formulation. Hence, the FE models are
considered suitable for numerical analysis of a misaligned bi-layer pipe when adequate
elements are used to obtain good convergence. The convergent test shows that a total of
nearly 1 x 10* elements is adequate in this study.

Figure 4 compares the SCFs from Equation (19) and FE analysis for varying e/t
(0.00 < e/t < 0.15) and E (E = 0.5 and 2.0) with constant f (f = 0.5), showing a very
good correlation between the two results. As the misalignment increases, the value of
SCF also increases. FE analyses and formula-based calculations show consistency in the
overall trend. However, it is observable that compared to FE results, the outcomes derived
from formulas are slightly conservative. The reason might be that it is assumed that the
shell has infinite curvature radius or the ratio of thickness to radius can be neglected in
the theoretical derivation; however, the curvature radius is not infinite, and the ratio of
thickness to radius is not zero although it is quite near zero in the FE models. Overall,
both methods exhibit a very good correlation. This alignment in trends between the two
approaches underscores the reliability of the derived formular in predicting the impact of
misalignment on SCF in engineering applications.

190



J. Mar. Sci. Eng. 2024, 12,231

1.5

1.3

1.1

1.0

0.9

Formulation obtained by Lotsberg

A  FE results

Figure 3. Comparison of SCFs from FE analysis and Lotsberg’s formulation.
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Figure 4. Comparison of SCFs from Equation (19) and FE analysis for f = 0.5.

For varying f with constant e/t (= 0.15) and E (= 0.5), a good agreement between
Equation (19) and FE results is also observed, as indicated in Figure 5. Therefore, Equation (19)
can accurately assess the stress concentration in the notch region of the girth weld in a
bi-layer pipe.

Figure 6 shows the influence of E with the variation of f on the SCF given by Equation (19)
for constant e/t (= 0.15). E = 1 indicates that the inner layer and the outer layer in the
bi-layer pipe have the same elastic modulus, which is the case of the one-layer pipe. Hence,
the SCF is not affected by the varying f as presented by a horizontal line in Figure 6. E > 1
means the elastic modulus of the inner layer is higher than that of the outer layer, and a
larger E raises a more pronounced effect on the SCF. For the case of E < 1, a reverse trend
is observed in comparison with that of E > 1.
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Figure 5. Comparison of variation of SCFs over f from Equation (19) and FE analysis for e/t = 0.15
and E = 0.5.
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Figure 6. Effect of E on SCF over f for e/t = 0.15.

Even though it has been indicated that Equation (19) is used to calculate the SCF at
the notch region “A”, it can be transformed into determining the SCF at “B” (Figure 2b) by
substituting the two dimensionless parameters (1 — ) and 1/E into Equation (19) instead
of t and E. Figure 7 shows the calculation of the SCF at “B” for E = 2.0 and ¢/t = 0.15
based on the above approach. The two parameters (1 — f) and 1/E (= 0.5) are substituted
into Equation (19) and the plot of SCF over f for “B” is given using a dashed line in Figure 7.
It is noted that the two lines for “A” and “B” are symmetric with f = 0.5, and the validity
of the above transform approach is further verified using the FE analysis as indicated by
the triangle symbol in Figure 7.

192



J. Mar. Sci. Eng. 2024, 12,231

1.50

FE results for "B", £=0.5

148 |
1.46
1.44
1.42
1.40

1.38

1.36 ;
- SCF from Eq. (19) for "A", £E=2.0 o
134 L | L | L | L | L | L | L | L | L | L
00 01 02 03 04 05 06 07 08 09 1.0

t

Figure 7. Calculation of SCF at notch region “B” based on that of “A” for e/t = 0.15.

The SCF formulation in Equation (19) is derived based on the double-side weld
configuration of the bi-layer pipe with centerline offset misalignment. However, the
formulation can also be applied to determine the SCF at the pipe’s notch region “A” with
single-side welds (Figure 8). The SCF at “B” becomes close to 1.0 due to the region close to
the intersection point where the bending moment induced by misalignment is zero.

Notch region (A)

Inside

Notch region (B)

Figure 8. Longitudinal section through single-side welds of a bi-layer pipe.

4. Girth Welds in Bi-Layer Pipes at Thickness Transitions

This section details the derivation of the SCF in the girth weld of a bi-layer pipe with
thickness transitions, as shown in Figure 9.

x over the length L
0

Inflection point o
AN j Moment distribution

Outside

Region “A”

Insid N
nside }‘#4 Region “B”

Figure 9. Longitudinal section of a bi-layer pipe with thickness transitions.
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For the pipes subjected to dynamic loading, thickness transitions are normally to
be fabricated with slope 1:4. The inflection point (zero moment) in Figure 9 needs to be
determined in advance in order to calculate the eccentricity moment at the notch region of
the girth weld based on Equation (11). It is assumed that the thickness ratio f keeps constant
along the longitudinal section of the pipe. Thus, the rotational stiffness is in proportion to
the pipe thickness t raised in a power of 2.5 according to Equation (10) and x( (please refer
to Figure 9) is given as:

£2.5
=Lps s

Following the same steps for calculating the SCF in Section 3, the SCF at the transition
at the outside of the pipe (region “A” as indicated in Figure 9) is:

X0 (20)

e

—Bxo 21
E1+ (T/t)zSe =

SCF = 1+ 631,

where

(1-2F+ 7 +2fFE— PE) (1- 1+ 7E)

Ho = - — = - = S E— — — (22)
(1-4T+4FE+ 6" —6I'E— 4’ +4PE+ 1" —2FE+ ')
The SCF at the transition at the interior side of the pipe (region “B” as indicated in
Figure 9) is:
e 1

= e hx 23
t1+(T/t)2'Se )

SCF =1 — 6y

where

(1-P+7PE)(1-T+7E)
Hi = — — ~ —— — — S —— (24)
’ (1 A+ ATE + 6P — 6PE — 4P +4PE+F — 2P E+ t4E2)

When f = 0 or E = 1, y, and p; are both equal to the unit, and Equations (21) and (23)
for calculating the SCF of a misaligned bi-layer pipe become the formulations for a one-
layer pipe presented by Lotsberg [10], verifying the accuracy of the proposed formulations.
In addition, FE analysis is carried out to further test the validity of the formulations, as done
in Section 3. Figure 10 compares the SCFs from the present formulations and FE analysis. It
is observed that the formulations are in good agreement with the numerical results except
for the case of the SCF at region “B” for E = 0.5. However, the present formulations
show a trend closer to the FE results in comparison with that given by Lotsberg [10], as
indicated by an arrow line in Figure 10. In general, the results obtained from the present
formulations and FE analysis are consistent with one another, validating the accuracy
of Equations (21) and (23) derived using the bi-layer cylindrical shell equation given in
Section 2.

Figure 11 shows the effect of E on the SCFs with the increasing f for constant T/#(= 2.0)
at region “A” and “B”. The variation trend of the SCF with the varying E presented in
Figure 11a is the same as that of Figure 9 for region “A”. However, a reverse trend is
observed for region “B” (Figure 11b) compared with region “A” (Figure 11a), which can
be easily explained by the opposite signs in Equations (21) and (23). The SCF at region
“B” is minimal when region “A” has the maximum SCF value for certain dimensionless
parameters f and E, illustrating a reverse variation trend as shown in Figure 11ab.
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Figure 10. Comparison of SCFs from present formulations and FE analysis for f = 0.5.
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Figure 11. Effect of E on SCFs over f for T/t = 2.0.

5. Conclusions

The present study investigates the effect of fabrication tolerances and thickness transi-
tions on the SCFs for girth welds in a bi-layer pipe. Based on the classical shell theory [14],
the governing equation of a bi-layer cylindrical shell subjected to an axial force and an
internal pressure is built up. Then, the equation is used to derive SCF formulations for girth
welds of a bi-layer pipe with fabrication tolerances and thickness transitions. Axisymmetric
FE analysis is carried out to validate the proposed formulations, and a good agreement
between the formulation and the FE results is observed. These formulations are well suited
for a wide range of thickness ratios f and elastic modulus ratios E, and degraded to the
expressions derived by Lotsberg [10] when f = 0 or E = 1. Finally, the influence of varying
f and E on the SCF are investigated in detail.
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Appendix A

This appendix details the derivation of the governing equation for the bi-layer cylindri-
cal shell subjected to an internal pressure p(x) and an axial force N uniformly distributed
along the x-direction, as shown in Figure 1. The total thickness of the shell is denoted
by t, this quantity always being considered small compared to other dimensions of the
shell. The neutral surface is the surface free of stress when a shell is loaded by a bending
force, and the surface that bisects the thickness of the shell is named the middle surface.
For the one-layer shell, it is noted clearly that the neutral surface is overlapped with the
middle surface. However, the neutral surface of the bi-layer shell deviates from the middle
surface due to the variation of material properties along the thickness direction. Therefore,
it is necessary to determine the position of the neutral surface in order to derive the final
governing equation.

Due to t being very small in comparison with the radius of the shell as referred to
above, the infinitely small element (Figure Ala) cut from the shell can be regarded as a
rectangular one (Figure Alb), and the small rectangular element follows the Kirchhoff
assumptions [13] during the action of symmetric loadings. Therefore, the strain along the
x-direction is distributed linearly, as indicated in Figure Alc, along the thickness direction,
and it can be expressed as:

— €t
Ct/2—1p T

where ¢; is the x-direction strain at the top of the element, # is the vertical coordinate in
the local &1 coordinate system, #,, denotes the vertical coordinate of the neutral surface.
It is noteworthy that if the ratio of thickness to radius cannot be neglected, the above
assumption may not be valid.

Ex (A1)

Neutral c
t
surface L] ?
_;_n" 3
e b ¢ é
Middle A
surface — &

Strain distribution

(a) Infinitely small element  (b) Simplified rectangular element (c) Strain distribution

Figure A1. Schematics of small element cut from shell cross-section.

In this study, it is assumed that the shell’s outer and inner layers have the same
Poisson’s ratio (v, = v; = v) but different elastic modulus (E, # E;). The position of the
neutral surface can be determined based on the x-direction equilibrium of forces, and the
integral expression is written as:

L d SR ’ Ee.d A2
€ = i€ —i—/ €
/0 0Ex ] /—(t/2+r]”) i€y —(t/241n)+1; o&xCl ( )

By solving the above integral, 77, is expressed in the following form:

U”:ﬁnt (A3)
where
_ _t1-tH(1-E) . _
=—~* t=+t/t, E=E;/E A4
T = ST ) i/ i/ Eo (Ad)

and f indicates the ratio of the inner layer thickness to the total thickness, and E is the ratio
of the inner layer elastic modulus to that of the outer layer, both characterizing the bi-layer
shell, which is different from the one-layer one.
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In the following, the governing equation of the bi-layer shell is built up under an
axial force and an internal pressure. An infinitely small element (Figure A2) cut from the
shell is analyzed to establish the equations of equilibrium required for this problem. Ny
and N,, are the axial forces per unit circumferential length and per unit length around the
circumference of the shell, respectively, Q, is the shear force per unit circumferential length,
My and M,, are the bending moments per unit circumferential length and per unit length
around the circumference of the shell, respectively. Due to symmetry, other forces such as
Ny, Qp and My, vanish in this case. Assuming that an internal pressure p(x) normal to
the surface and an axial force N uniformly distributed along the x-direction are applied,
the equations of equilibrium obtained are:

Ny=N

e+ 1INy = —p(x) (A5)

dMy
rra —Qx=0

Figure A2. An infinitely small shell element used in the analysis.

The displacements of the points in the neutral surface of the shell need to be considered
to solve the other three unknown quantities: Ny, Qy, and My. From symmetry, the
displacement component v in the circumferential direction vanishes. The components u
and w in the x- and z- directions are only considered. Therefore, the geometric equations
can be written in the following simplified form:

du w
Ex = a, S(p = —7 (A6)
By using Hooke’s law,
= — __E A7
Ux—l_v2(£x+v£¢), U‘P_1_02(8¢+U£x) (A7)
and the relationship between Ny, Ny, Qx, My and oy, 0y,

t t t/2*7]n
Ny = / oydy, Ny = / opdy, My = / oundy (A8)

0 0 —t/2—1n
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the constitutive equations for this problem are:

d
Ny = “lﬁ _“2%

Ny = —a1% + a9t (A9)
2
M, = —D, %%
where
(1 —t+EE)tE, (1 —t+tE)tEv
— -0 — Al
o1 1_ U2 , K2 1— U2 ( 0)

and Dy, is the flexural rigidity of the bi-layer shell, which is expressed as:

E 13

D=0
b 24(1—?)

[(1—27,)° + E(L+27,)° + (1+27, — 2F)° —E(1+27, - 27)°|

(A11)
Substituting Equation (A9) into Equation (A5) obtains the required governing equations,

d? d*w aE,t v

where
x=1—*t+tE (A13)

When the thickness of the shell is constant, the above equation is simplified as:

d*w  aE.t v
Dygg + rz" w=p(x)=-N (A14)

Obviously, the form of the equation is nearly the same as that of the one-layer shell
except for the expressions of the flexural rigidity Dj, and the dimensionless parameter a.
Whent =0orE =1, D, = E3/12(1 — v?) and a = 1, and Equation (A14) becomes the
governing equation for the one-layer shell derived based on the classical shell theory.

Appendix B

This appendix focuses on the generation of FE models for bi-layer pipelines with
misalignment at girth welds, including a detailed description on the number of elements,
types of elements, element sizes, loads, boundary conditions, and the overall structure of the
finite element mesh. Moreover, it outlines the procedural steps and critical considerations
in the generation of FE models.

Firstly, the FE model of bi-layer pipe without misalignment should be generated,
which is actually not difficult in practice because the shape of bi-layer pipe is quite regular.
Figure A3 shows the typical FE meshes of the girth weld.

Figure A3. Typical FE meshes at the girth weld.
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Then, the coordinate transformation was adopted to generate FE models of bi-layer
pipelines with misalignment at girth welds from the FE model of aligned bi-layer pipelines.
The coordinate transformation formulas presented below are essential for adapting aligned
pipeline models to accommodate misalignments, reflecting more realistic and complex
real-world scenarios. This addition enhances the applicability of the finite element method
in pipeline structural and stress analysis, allowing for more accurate simulations and
analyses of pipelines under various conditions, including those that are not perfectly
aligned. Figure A4a,b illustrates the coordination transformation of bi-layer pipe, which
has centerline offset with equal thickness and diameters and bi-layer pipe, which has
centerline offset with varying thickness but aligned inner surfaces, respectively.

Region 3 * Region 2 Region 1

{

(a) Bi-layer pipe having centerline offSet with equal thickness
and diameters

Region 3 * Region 2 Region 1

(b) Bi-layer pipe having centerline ofSset with varying thickness but
aligned inner surfaces

Figure A4. Coordinate transformation of typical bi-layer pipes with misalignment.

For bi-layer pipe with a centerline offset with equal thickness and diameters (Figure A4a),
the transformation from an aligned (x-, y-, z- coordinate system) to a misaligned configura-
tion (X-, Y-, Z- coordinate system) is executed using the specified expression as follows.

X=x
Region 1 Y=y (Al5a)
Z=z—e
X=x
Region 2 Y=y (A15b)
Z =z — eeff
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X=x
Region 3 Y=y (A15¢)
Z=z
where
_ (2x+ Le+ Ly
Ceff = ( oL, )e (Al6)
Ly = Li+ [2(1’ + tz) — Dez](Le — Li) (A17)

21,

= Jy2+ 22 (A18)

For a bi-layer pipe with a centerline offset with varying thickness but aligned inner
surfaces (Figure A4b), there are two scenarios: r < r. and v > r. with e = De2/2 —
(to — tip). Here, tjp represents the clad layer thickness, as shown in Figure A4b. The
coordinate transformation for these two cases is summarized through specific expressions
as follows.

For the first scenario, r < r¢:

X=x

(r —ep1)sin 6 (Al19a)

Region 1 Y =
Z = (r —ey1)cos 0

X=x
Region 2 Y = (r — ey ef)5in 0 (A19b)
Z = (r

(7 — ey1,eff)cos 6
X=x
Region 3 Y=y (A19¢)
Z=z

where

— (Dgp/2 — tz)]

.
ep1 = (tin — til)[ i (A20)
1

2x+ Lo+ Ly
Coleff = oL, €yl

For the second scenario, r > r:

(A21)

X=x
(r —eyn)sin 6 (A22a)

Region 1 Y =
Z = (r —ey)cos b

X=x
Region2 { Y = (r— eper)sin® (A22b)
Z = (r — eyp,efr)cos O
X=x
Region 3 Y=y (A22¢)
Z=z

where
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th —t;
= (ta—ta)+ (1= 22 ) - n) (A23
1
2x+ L.+ L
Cp2eff = ( — L Le - ) €2 (A24)
0

Consequently, the FE models of the two typical bi-layer pipes with misalignment can
be generated, which can be seen in Figure A5.

(2) Bi-layer pipe having centerline offset with equal thickness and diameters

(b) Bi-layer pipe having centerline offset with varying thickness but
aligned inner surfaces

Figure A5. FE models of typical bi-layer pipes with misalignment.

The FE models in this study were generated using the ABAQUS software V2021. Given
the consideration of large deformations, the C3D20R element is used for the numerical
simulation. It is difficult to determine the mesh density directly; hence, the convergence
test is recommended to determine the number of elements in the FE models. One can
gradually increase the mesh density until the simulation results converge. In this study,
the number of elements increases to 1 x 10* to make the results converge. In addition, the
axial force is applied at one end of the pipe, and the fixed boundary condition is applied on

the other.
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Abstract: Real-time prediction of hull girder loads is of great significance for the safety of ship
structures. Some scholars have used neural network technology to investigate hull girder load
real-time prediction methods based on motion monitoring data. With the development of deep
learning technology, a variety of recurrent neural networks have been proposed; however, there is
still a lack of systematic comparative analysis on the prediction performance of different networks. In
addition, the real motion monitoring data inevitably contains noise, and the effect of data noise has
not been fully considered in previous studies. In this paper, four different recurrent neural network
models are comparatively investigated, and the effect of different levels of noise on the prediction
accuracy of various load components is systematically analyzed. It is found that the GRU network is
suitable for predicting the torsional moment and horizontal bending moment, and the LSTM network
is suitable for predicting the vertical bending moment. Although filtering has been applied to the
original noise data, the prediction accuracy still decreased as the noise level increased. The prediction
accuracy of the vertical bending moment and horizontal bending moment is higher than that of the
torsional moment.

Keywords: ship structure; hull girder loads; recurrent neural network; ship motion; noise level

1. Introduction

The hull girder loads are an important factor affecting the overall structural safety
of ships, which is a key focus in the design and use of ship structures [1,2]. Real-time
prediction of hull girder load data will be of great help to the captain’s navigation decision-
making, especially in high-sea conditions when the hull girder loads are large and there is
a high risk of failure in the ship’s structure.

The Hull Response Monitoring System (HRMS) is a system that measures and displays
ship structure stress, ship structure strain, and ship motion data. Many scholars have
established a real-time prediction method for hull girder loads based on real-time strain
monitoring data by utilizing the mechanical relationship between hull girder loads and
structural strain [3-8]. Strain sensors on the hull structure may experience data drift and
other issues during long-term use, which can lead to incorrect reporting of the hull girder
loads. Compared with the strain gauge data, the ship motions are more accessible to obtain
and more stable. For ships without HRMS installed, the hull girder loads can be indirectly
predicted through motion monitoring data. For ships that have already been installed
with HRMS, the hull girder loads obtained by using motion data and strain data can be
compared to ensure the accuracy of hull girder load measurements further.

Xu [9] developed a methodology for estimating wave-induced vertical bending mo-
ments from heave and pitch measurements based on artificial neural networks. The artificial
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neural networks were trained by using the auto- and cross-correlation functions of the
bending moment and the ship motions. The prediction model has been validated through
a comparison of experimental data. Moreira and Guedes Soares [10] presented a neural
network model for the estimation of hull bending moment and shear force of ships in
waves. The ship motion and hull girder loads were simulated by using a time domain
strip method [11], and then a reasonable network model was established to estimate the
instantaneous bending moment and shear force by analyzing the effect of different numbers
of neurons. Xu et al. [12] also utilized an improved BP neural network to investigate the
prediction method of sectional shear force and bending moment based on ship motion
data. Previous research tends to focus more on utilizing networks to train the correlation
between motion and hull girder loads. However, due to the memory effect of waves, ship
motion and hull girder loads exhibit strong temporal correlations.

With the advancement of networks, recurrent neural networks (RNNs) with long-term
memory effects are increasingly being utilized in the fields of ship and ocean engineering.
Liu et al. [13] presented a model for the reconstruction and prediction of global whipping re-
sponses on a large cruise ship based on Long Short-Term Memory (LSTM) neural networks.
Su et al. [14] introduced a real-time algorithm for predicting ship vertical acceleration
using the LSTM and GRU models. Based on the database originating from a commercial
professional simulator, Li et al. [15] predicted short-term ship roll motion by leveraging the
encoder—decoder structure of Bidirectional Long Short-Term Memory Networks (Bi-LSTM)
with teacher forcing. Fan et al. [16] combined the different empirical mode decomposition
methods with LSTM networks to effectively predict short-term offshore structure motions.
Liu et al. [17] proposed an input vector space optimization for the LSTM deep learning
model in real-time prediction of ship motions. Xie et al. [18] introduced a mooring line
tension model based on the GRU network, which accurately predicts mooring line tension
using wave elevation components or float motion responses.

Many scholars use recurrent neural networks to solve time-series problems with
temporal correlations in the ship and ocean engineering field. However, the performance
of different RNNs in real-time prediction of the hull girder loads still lacks systematic
research. In addition, real-time monitoring data of ship motion, as input data for the real-
time prediction model of the hull girder load, inevitably contains certain noise components.
However, there is a lack of detailed analysis of the impact of noise on motion input data in
previous studies.

In this paper, the real-time prediction method of hull girder loads is investigated
by using several different recurrent neural network models. The performance of differ-
ent recurrent neural networks is systematically compared and analyzed. The method
of controlling variables is used for hyperparameter optimization. Taking into account
the characteristic that the ship motion data contains noise, a new prediction procedure
combining filtering techniques to reduce the influence of noise is established. In addition,
the effect of different levels of noise on the prediction accuracy of hull girder loads is
systematically analyzed.

2. Hull Girder Loads Prediction Model
2.1. Basic Concepts of RNN

Simple recurrent networks can theoretically establish dependencies between states
with long-time intervals. The gradient explosion or gradient vanishing problem restricts
the learning of only short-term dependencies. The Long Short-Term Memory Network
(LSTM) is a variant of recurrent neural networks that can effectively solve the problems of
gradient explosion or vanishing encountered in simple RNNs. The LSTM model calculates
the gradient through the backpropagation through time (BPTT) algorithm and then adjusts
the model weight and bias parameters until convergence. The sensitivity of the model
to time is reflected in the three gating units (input gate, forgetting gate, and output gate)
that control the information flow. Through these three gating units, information can be
selectively remembered and forgotten [19].
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The Gated Recurrent Unit (GRU) network represents a simpler form of the recurrent
neural network compared to the LSTM network. It incorporates a gating mechanism to
regulate the update of information. Unlike LSTM, GRU omits an additional memory unit
and employs an update gate to determine the amount of historical state information to
retain in the current state, as well as how much new information from the candidate set
should be considered for inclusion [20].

Increasing the depth of recurrent neural networks enhances model performance,
commonly achieved by stacking multiple recurrent networks, forming a Stacked Recurrent
Neural Network (SRNN). A Bidirectional Recurrent Neural Network (BI-RNN) comprises
two layers of recurrent neural networks with identical inputs, differing only in the direction
of information flow. In conjunction with the LSTM neural network and the GRU neural
network, the bidirectional recurrent neural network may encompass a bidirectional long
short-term memory (BI-LSTM) neural network [15] and a bidirectional gated recurrent unit
(BI-GRU) neural network [21].

2.2. Input and Output Data

In this study, the RNN models are developed to predict the hull girder loads by the
known ship motion responses. A container ship is chosen as the research object, and the
numerical simulation of the ship is conducted in the time domain. The specific parameters
are shown in the following Section 3.1, taking the ship’s heave motion, pitch motion, and
roll motion as input, and the vertical bending moment, horizontal bending moment, and
torsional moment at the midship section as output. After giving the complete input and
output time histories of each operating sea state in the data of RNN models, the data are
divided into the training and validating sets, which are respectively used for training the
RNN models and validating the accuracy of the predicting results from the trained RNN
models. In addition, the validating sets should be independent of the training sets; that is,
validating sets do not participate in the training process of the neural network model.

The motion data of the ship obtained by the hull response monitoring systems (HRMS)
are usually accompanied by a significant amount of noise. Numerical motion data obtained
from simulations are artificially augmented with numerical noise, forming testing sets with
motion input data that includes noise. The testing sets are designed with inputs of data
containing various levels of noise to test the accuracy of the predicted results.

2.3. Data Pre-Processing

The normalized data can enhance the convergence speed of the network model and
improve the prediction performance. Input and output data often differ significantly in
their numerical values and dimensions. Normalization helps to eliminate these differences
and achieve consistency in the data, facilitating more effective training of the model.

xt = X " Xmin 1)
Xmax — Xmin
where x’ is the normalized input or output data, x is the original data, and xmax and X, are
the maximum and minimum value in the sequence, respectively. To ensure a meaningful
comparison with the actual hull girder load sequence, it is necessary to apply an inverse
normalization to the predicted results.

2.4. Evaluation Criterion

Evaluation criteria are crucial parameters for evaluating the prediction performance
of the model. Root Mean Square Error (RMSE), Mean Absolute Percentage Error (MAPE),
and Pearson’s correlation coefficient (p) are selected.
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RMSE represents the standard deviation of the residuals between the predicted and
actual values, providing a measure of error discretization. It is defined as

n ..
RMSE = \/ 1y (S et )
i=1

where y;mg " is the actual value, yf " is the predicted value, n represents the quantity of
data, and the range of the RMSE value is [0, +o0], which is equal to 0 if the predicted value
exactly matches the true value; the larger the error, the larger the value.

MAPE is a percentage representation of the MAE, which is the average of the absolute
value of the error:

100% grigin - Pred
mapg = 200%yYi Y, ®)
n A origin
i=1 i
origin . pred . . .
where y; is the actual value, y; " is the predicted value, and n represents the quantity

of data. The range of MAPE is [0, +o0] and a MAPE of 0% indicates a perfect model; the
closer the value is to 0, the better the model’s predictive accuracy.

Pearson’s correlation coefficient quantifies the linear relationship between two random
variables. The concept of correlation coefficient is introduced:

Cov(X,Y)
=Corr(X,Y) = —5——~ 4
p = Corr(X,Y) = =2 @
Here, X, oY represent the standard deviations of variables X, Y, respectively. Cov(X,Y)
is the covariance of X, Y. The closer the correlation coefficient (p) is to 1, the stronger the
correlation in the model and the more accurate the model prediction.

3. Physics-Based Numerical Simulation
3.1. Simulation Model

A large container ship is selected as the object of this paper. Table 1 shows the main
parameters of the container ship. Motion simulation in irregular waves is conducted using
the commercial software Wasim to generate databases of ship motion responses and hull
girder loads. Wasim is a three-dimensional hydrodynamic analysis software based on
potential flow theory in the time domain; it can predict ship motion responses in waves
with the Rankine panel method and considers many nonlinear factors. The fluid dynamic
pressure field can be generated based on Bernoulli’s equation. The d”Alembert principle is
used to solve the sectional-induced loads of the ship in waves.

Table 1. Container ship’s principal dimensions.

Length Width Depth Structural Draught Speed Block Coefficient
278 m 32.2m 23.3m 13m 23 kn 0.7

Figure 1 illustrates the wet surface mesh. The Pierson-Moskowitz (PM) spectrum is
chosen as a wave spectrum to describe irregular waves. Irregular waves are represented
using 200 sub-waves. Eight percent of the critical damping is applied to roll motion. The
control of gravity is assigned as (124.63 m, 0, 10.22 m). A non-linear solver is employed for
the 3 h time domain simulation.

#

Figure 1. Wet surface mesh.
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3.2. Simulation Load Case

The databases of ship motion responses and hull girder loads under different short-
term sea conditions are established to train the network models. Parameters related to
short-term sea conditions include significant wave height H;, average zero-crossing period
T,, wave direction §, and ship speed v. When the sea condition parameters encountered
during the ship’s voyage are the same as those in the training database, the data have
strong relevance, which may lead to higher forecast accuracy.

Considering that the actual sea conditions experienced by the ship may not be consis-
tent with the sea conditions in the training set, the load case in Table 2 is designed to verify
the predictive ability of the neural network model. The sea state parameters encountered
by the ship are assumed to be H; =11 m, T, =11's, f = 135°, and v = 7.5 kn, as indicated
in Table 2 for the testing database. Sixteen sets of short-term sea conditions for numerical
simulation are assumed as the training and validating databases. In subsequent practical
applications, it is only necessary to further increase the number of samples in the training
set to obtain a neural network model with a wider applicability.

Table 2. Loadcase parameters of B_MULTL

Significant Wave Zero-Crossin Wave Direction Velocit
Load Case Databases Pgleight H; (m) Periods T (5;5 B ) 0 )
10.5 10.5 120 5
10.5 10.5 120 10
10.5 10.5 150 5
10.5 10.5 150 10
10.5 11.5 120 5
10.5 11.5 120 10
10.5 115 150 5
Training and 10.5 115 150 10
B_MULTI validating 11.5 10.5 120 5
11.5 10.5 120 10
11.5 10.5 150 5
115 10.5 150 10
11.5 115 120 5
11.5 11.5 120 10
11.5 115 150 5
11.5 11.5 150 10
Testing 11 11 135 7.5

4. Results and Discussion
4.1. Determination of Network Structures of Different RNN Models

The training process of the neural network is to find the suitable fitting function in
the hypothesis space on a certain number of training data. The control variable method
is the common method to find the optimal model by adjusting the single variable and
maintaining other variables unchanged [16,22,23]. In this section, the influence of window
length, optimizers, layer number, and neuron number on the accuracy of hull girder loads
prediction models will be studied in turn.

4.1.1. Determination of Window Length

The variation in window length is one of the key factors affecting the prediction
accuracy of the model. When the window length is set to ‘@’, its physical meaning is that
the motion data from the previous ‘a’” time steps are used as inputs, and the ship hull
girder loads at the ‘a’th time step are used as the output. By sliding the window, multiple
databases of motion inputs and ship hull girder load outputs are obtained.

For the torsional moment (TM) prediction model, to investigate the impact of different
window lengths on network prediction performance, window lengths of 50, 100, 150, and
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200 are analyzed. A single-layer neural network with 32 neurons and the ‘adam’ optimizer
is chosen, and four networks—LSTM, GRU, BI-LSTM, and BI-GRU—are separately trained.

The GRU network model exhibits the highest prediction accuracy, followed by the BI-
GRU network model, whereas the LSTM and BI-LSTM network models demonstrate lower
prediction accuracy and larger errors, as shown in Figures 2 and 3 For the GRU network,
a window length of 150 yields p = 0.772, and RMSE = 0.051, significantly outperforming
the window length of 50 and slightly outperforming the window lengths of 100 and 200.
The window lengths of 150, 100, and 150 are the optimal window lengths for the LSTM,
BI-LSTM, and BI-GRU networks, respectively.
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Figure 2. Correlation coefficient (TM model).
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Figure 3. RMSE (TM model).

For the vertical bending moment (VBM) prediction model, a single-layer neural
network with 32 neurons using the ‘adam’ optimizer was chosen. The evaluation index
value for a window length of 150 is slightly higher than that for the other three lengths,
indicating that the accuracy of the four neural network models is not significantly affected
by changes in window length, as shown in Figures 4 and 5. For a window length of 150, the
precision (p) of all four networks exceeds 0.9, and the RMSE is less than 0.037. Specifically,
the LSTM network model achieves the highest precision of p = 0.935 and RMSE = 0.032
among all networks. The window lengths of 150, 100, and 150 are the optimal window
lengths for the GRU, BI-LSTM, and BI-GRU networks, respectively.

For the horizontal bending moment (HBM) prediction model, a single-layer neural
network with 64 neurons using the ‘adam’ optimizer is employed. The GRU network
model exhibits the highest prediction accuracy, followed by the BI-GRU network model,
while the prediction accuracy of the LSTM and BI-LSTM network models is slightly lower,
as shown in Figures 6 and 7. Among GRU networks, at a window length of 150, p = 0.837
and RMSE = 0.057, demonstrating notably superior performance compared to a window
length of 100, and marginally better performance compared to window lengths of 50 and
200. The window lengths of 200, 200, and 200 are the optimal window lengths for the
LSTM, BI-LSTM, and BI-GRU networks, respectively.
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4.1.2. Determination of Optimizers

The variation in optimizers is another one of the key factors affecting the prediction
accuracy of the model. The role of the optimizer in the backpropagation process of deep
learning is to guide the parameters of the loss function to update in the correct direction
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with an appropriate magnitude, allowing the loss function to gradually approach or achieve
its minimum value.

For the TM prediction model, to investigate the impact of different optimizers on
network prediction performance, optimizers of SGD, adam, RMSprop, and Nadam are
analyzed. A single-layer neural network with 32 neurons and a window length of 150 is
chosen, and four networks—LSTM, GRU, BI-LSTM, and BI-GRU—are separately trained.

Figures 8 and 9 illustrate that the adam and Nadam optimizers achieve relatively
high prediction accuracy across all four neural network models, surpassing significantly
the accuracy obtained with SGD and RMSprop optimizers. Among the four models, the
traditional optimizer SGD exhibits the lowest prediction accuracy. Among the four network
models, the GRU network demonstrates the highest prediction accuracy, followed by the
LSTM network. Regarding the GRU network, the adam optimizer yields significantly
better prediction accuracy compared to RMSprop and slightly outperforms the Nadam
optimizer, as shown in Figure 10. The adam optimizer exhibits results closest to the actual
values; hence it is selected for constructing the GRU network. The optimizer of adam is
also the optimal optimizer for LSTM and BI-GRU. Nadam is the optimal optimizer for the
BI-LSTM network.
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Figure 10. Prediction results under different optimizers (GRU network).

For the VBM prediction model, a single-layer neural network with 32 neurons and a
window length of 150 is used. As shown in Figures 11 and 12, it is evident that the adam,
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Nadam, and RMSprop optimizers have relatively higher prediction accuracy than the SGD
optimizers. The LSTM network model demonstrates the highest prediction accuracy among
the four network models, followed by the BI-GRU network model. In LSTM networks, the
prediction accuracy achieved with the adam optimizer is comparable to that obtained with
RMSprop and Nadam. Figure 13 illustrates the prediction results obtained with different
optimizers in the LSTM network. The adam optimizer yields predictions closest to the true
values; thus, it is selected for constructing the LSTM network. The optimizer of adam is
also the optimal optimizer for GRU and BI-GRU. RMSprop is the optimal optimizer for the
BI-LSTM network.
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For the HBM prediction model, a single-layer neural network with 64 neurons and
a window length of 150 is used. As shown in Figures 14 and 15, the adam optimizer
consistently yields relatively high prediction accuracy across all four neural network
models, slightly outperforming the Nadam optimizer. Conversely, the RMSprop optimizer
exhibits relatively low prediction accuracy, while the SGD optimizer, the most traditional
choice, performs the worst among the four models. Among the four network models, the
GRU network model achieves the highest prediction accuracy, followed by the BI-LSTM
network model. In GRU networks, the adam optimizer yields slightly higher prediction
accuracy compared to the Nadam and RMSprop optimizers. Figure 16 illustrates the
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prediction results obtained with different optimizers in the GRU network. The adam
optimizer yields predictions closest to the true values; thus, it is selected for constructing
the GRU network. The optimizer of adam is also the optimal optimizer for LSTM and
BI-LSTM. Nadam is the optimal optimizer for the BI-GRU network.
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Figure 16. Prediction results under different optimizers (GRU network).

4.1.3. Coupling Determination of the Layer and Neuron Number

The number of neurons and the depth of the neural network are the key factors
affecting the prediction accuracy of the model. Considering the coupled impact of the
number of network layers and the number of neurons on the network’s prediction accuracy,
the most suitable network structure is identified.

For the TM prediction model, to investigate the impact of different numbers of network
layers and neurons on network prediction performance, nine types of network structure
were analyzed. A window length of 150 and the ‘adam’ optimizer are chosen. Table 3
illustrates the number of network layers and neurons.
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Table 3. Number of network layers and number of neurons (TM model).

Item 1-1 1-2 1-3 2-1 2-2 2-3 3-1 3-2 3-3
Network Layers 1 1 1 2 2 2 3 3 3
Number of neurons 16 32 64 16-8 32-16 32-32 16-32-16  32-32-32  64-32-16

Figures 17 and 18 illustrate that for a single layer (layer = 1), the BI-LSTM network
achieves the highest prediction accuracy with p = 0.846 and RMSE = 0.043; for two layers
(layer = 2), the GRU network exhibits the highest prediction accuracy with p = 0.767
and RMSE = 0.054; and for three layers (layer = 3), the GRU network attains the highest
prediction accuracy with p = 0.853 and RMSE = 0.042. For a single layer (layer = 1), the
prediction accuracy of the network rises with an increasing number of neurons; while for
three layers (layer = 3) with 32 neurons each, the network achieves the highest prediction
accuracy. Figure 19 illustrates the prediction results of the GRU network with different
numbers of hidden layers.
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Figure 17. Correlation coefficient (TM model).
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Figure 18. RMSE (TM model).

In the case of a three-layer GRU network, changing the number of neurons per layer
to 64, 32, and 16 results in lower prediction accuracy compared to when the number of
neurons remains consistent at 32 for all layers. This suggests that excessive neurons may
lead to overfitting. Moreover, having varying numbers of neurons for the same number of
layers does not necessarily improve performance; hence, thorough parameter discussion is
crucial to determine the optimal settings. The three-layer networks with 32 neurons each
and the single-layer networks with 16 neurons and 64 neurons are the optimal network
structures for LSTM, BI-LSTM, and BI-GRU networks, respectively.

For the VBM prediction model, four different numbers of hidden layers and various
numbers of neurons are chosen to analyze the influence of coupling parameters. The
window length is set to 150, and the ‘adam” optimizer is employed. Table 4 illustrates the
number of network layers and neurons.

214



J. Mar. Sci. Eng. 2024, 12, 746

1.0

E = Actual value
g — - —neurons number=16
g == = =neurons number=32
g ] = - - =neurons number=64
2 £ A A \
£ os ‘ 5 A N w |
: all e Naa AN A [\
\ VAR ] | \

3 %A 4 % v ¥A [\ YavAa
=} . Y /| | ¥
E D ) " h g\
=}
z v / y

0 gOO 550 600 650

time(s)
(a) Layer =1
_ 10
g Actual value
g — - —neurons number=16,8
g == - = neurons number=32,16
g ! = ~ - =neyrons number=32,32
1 I A N A N A A
£ o0s \ 4 1 . \ ¢ A 4
2 | b YW NIFANAY, L A
: ) \‘ ! 1 ' \
El | - i T\ \
AV RVRY A VI <
! U V

) \/ v
Z V

07300 550 600 650

time(s)
(b) Layer =2
b ——— Actual value

— - —neurons number=16,32,16
— - —neurons number=32,32,32
= - - =neurons number=64,32,16

0.5

Normalized torsional moment

%950 550 600 650
time(s)

(c) Layer =3

Figure 19. Prediction results under different network structures (GRU network).

Table 4. Number of network layers and number of neurons (VBM model).

Item 1-1 1-2 1-3 2-1 2-2 3-1 4-1
Network Layers 1 1 1 2 2 3 4
Number of neurons 8 16 32 16-8 32-16 16-32-16 16-32-32-16

Figures 20 and 21 illustrate that when the number of layers is set to 1, the prediction
accuracy of all networks increases as the number of neurons increases. Figure 22 illustrates
the prediction results obtained with different numbers of neurons in a single-layer LSTM
network. When the number of neurons is set to 32, all four networks achieve a prediction
accuracy of over 0.9. The highest prediction accuracy is achieved with 32 neurons in the
LSTM network. When the number of layers is 2, 3, and 4, despite the gradual increase in the
number of layers, the number of neurons also increases. However, the prediction accuracy
of all four networks remains around 0.8-0.9. The networks show insensitivity to changes
in the number of layers and neurons, but increasing the number of layers and neurons
prolongs the training time. The single-layer LSTM network model demonstrates relatively
high prediction accuracy and training efficiency. The two-layer networks with 16-8 neurons,
the three-layer networks with 16-32-16 neurons, and the one-layer network with 32 neurons
are the optimal network structures for GRU, BI-LSTM, and BI-GRU networks, respectively.
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For the HBM prediction model, nine types of network structure were analyzed. A
window length of 150 and the ‘adam’ optimizer is chosen. Table 5 illustrates the number of
network layers and neurons.

Table 5. Number of network layers and number of neurons (HBM model).

Item 1-1 1-2 1-3 2-1 2-2 2-3 3-1 3-2 3-3
Network Layers 1 1 1 2 2 2 3 3 3
Number of neurons 16 32 64 16-8 32-16 32-32 16-32-16 32-32-32 64-32-16

Figures 23 and 24 illustrate that when the number of layers is set to 1, the GRU network
achieves the highest prediction accuracy at p = 0.837 and RMSE = 0.057. With two layers,
the GRU network attains the highest prediction accuracy at p = 0.883 and RMSE = 0.046.
Similarly, with three layers, the GRU network exhibits the highest prediction accuracy at p
=0.901 and RMSE = 0.045. Figure 25 illustrates the prediction results of the GRU network
with varying numbers of hidden layers. The network achieves the highest prediction
accuracy when it has three layers and each layer has 32 neurons. The three-layer networks
with 32 neurons each are also the optimal network structures for LSTM, BI-LSTM, and
BI-GRU networks, respectively.
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4.2. Prediction of Different Network Models Using Motion Data with The Same Noise
4.2.1. Numerical Noise

The ship motion data obtained by the hull response monitoring systems (HRMS) is
usually accompanied by a large amount of noise. In order to make the simulation data of
the testing database similar to the actual ship monitoring data, different levels of numerical
noise are artificially added to the simulated data of the testing database. The ship motion
data with noise is used as input to verify the prediction accuracy and noise resistance of
the ship hull girder load prediction model established in this paper. The motion response
to noise can be represented by the following equation:

Y = YU 1. std (Y)Y - randn (5)

Here, Y represents the simulation ship motion response, std(Y'"¢) represents the
standard deviation of the calculated response, | denotes the noise level, and randn refers to
a set of random numbers with a mean of 0 and a variance of 1.

Three levels of noise (I = 5%, I = 10%, and I = 15%) were added to the original
numerical simulation ship motion data. Figure 26 illustrates a comparison between the
time histories of heave motion data and the corresponding data with three levels of noise.
It is evident that the deviation from the true value increases with higher noise levels.

Actual value

| = = 5% noise level
= = = 10% noise level
4l

®
4
~

. = - = +15% noise leve]
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-8 L L L
3000 3050 3100 3150 3200
time(s)

Figure 26. Heave motion data with three levels of noise.

4.2.2. Filtering Technique

When directly using the motion data with added noise for ship hull girder load prediction,
the presence of noise often tends to further amplify its impact on the prediction results, leading
to greater high-frequency oscillation outputs, as shown in Figure 27. Typically, existing
HRMS usually filter real-time monitoring data to mitigate noise effects. The purpose of
filtering processing is to eliminate the unrealistic high-frequency oscillation noise. Fast Fourier
Transform (FFT) filtering is a noise reduction method widely adopted for experimental
data [24,25] and actual monitoring data [26,27]. The basic principle of FFT filtering is to
operate on the frequency composition of the signal in the frequency domain to alter its
frequency characteristics. By analyzing the frequency, it is possible to filter out the inauthentic
high-frequency oscillations that represent noise, thereby extracting pure ship motion data.
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Figure 27. Direct prediction results of 5% noise level.
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Spectral analysis is conducted on both the original time-series data and the time-series
data with varying levels of noise, as illustrated in Figure 28. It can be observed that
selecting a cutoff frequency of 0.2 Hz is appropriate, as it can filter out high-frequency noise
at various noise levels. As the noise level increases, the deviation between the filtered data
and the original data also increases. To more clearly express the deviation between the
filtered data and the original data, the overall standard deviation ¢ is used to represent the
degree of deviation:

1

n . . 2
o= \/ (xqrzglnal . x{zltered) /1 x 100% 6)
i=1

where x{ iltered represents the filtered data at t = i, xiong inal represents the original data at

t = i, and n represents the total number of moments. For noise level | = 5%, 0 = 4.01%.
For noise level | = 10%, o = 7.89%. For noise level | = 15%, 0 = 12.75%.
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Figure 28. Spectral analysis.
4.2.3. Prediction Results

Through the parameter analysis in Section 4.1, the optimal parameters for the four
network models suitable for predicting the hull girder loads have been identified, as shown
in Table 6. For the original simulation data without added noise, the prediction results of
some models are quite similar. For example, taking the TM prediction as an example, the
results from the three-layer GRU network and the single-layer BI-LSTM are both relatively
high, with the prediction results not exceeding 1%.

Table 6. Optimal parameter combinations for the four network models.

LSTM GRU
model window optimizer network window optimizer network
length P structure length p structure
™ 150 adam 3,32-32-32 150 adam 3,32-32-32
VBM 150 adam 1,32 150 adam 2,16-8
HBM 200 adam 3,32-32-32 150 adam 3,32-32-32
BI-LSTM BI-GRU
model window optimizer network window optimizer network
length P structure length P structure
™ 100 Nadam 1,16 150 adam 1,64
VBM 100 RMSprop 3,16-32-16 150 adam 1,32
HBM 200 adam 3, 32-32-32 200 Nadam 3,32-32-32

In order to further compare the prediction performance of different models on input
data with noise, the motion input data with the same noise level are used to validate. The
motion data with a noise level I = 10% are selected. According to Section 4.2.2, the cut-off
frequency of 0.2 Hz is chosen to filter the data with noise.
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Table 7 illustrates the evaluation index values for the four network models. For the
TM prediction model, the GRU network exhibits higher prediction accuracy and noise
resistance. For the VBM prediction model, the four network models exhibit similar and
relatively high prediction accuracies, the p of all four networks remains around 0.87. For
the HBM prediction model, compared to the other networks, the GRU network has a slight
advantage. Therefore, Table 8 presents the optimal model types and model parameters
for predicting torsional moment (TM), vertical bending moment (VBM), and horizontal
bending moment (HBM).

Table 7. Evaluation index values for the four network models.

LSTM GRU

model
Iy RMSE MAPE o RMSE MAPE
™ 0.608 0.089 7.50% 0.660 0.085 7.40%
VBM 0.873 0.050 3.90% 0.875 0.052 4.00%
HBM 0.841 0.052 4.00% 0.886 0.050 3.80%

BI-LSTM BI-GRU

model
0 RMSE MAPE o RMSE MAPE
™ 0.583 0.090 8.30% 0.612 0.092 8.50%
VBM 0.876 0.051 4.00% 0.873 0.050 4.00%
HBM 0.838 0.057 4.20% 0.845 0.054 4.30%

Table 8. Optimal network models for hull girder loads prediction.

Model Type Window Length Optimizer Network Structure
™ GRU 150 adam 3,32-32-32
VBM LSTM 150 adam 1,32
HBM GRU 150 adam 3,32-32-32

4.3. Prediction of the Same Network Models Using Motion Data with Different Noise

In order to test the prediction accuracy of the ship hull girder load models for input
data with different noise levels, the original motion response data without noise and with
noise level | = 5%, | = 10%, | = 15% are designed. The evaluation index values are listed
in Table 9.

Table 9. Evaluation index values of load case B_MULTI.

Motion ™ VBM HBM
Data p RMSE MAPE p RMSE MAPE p  RMSE MAPE

Origin 0.743 0.073 6.20% 0913  0.042 3.30%  0.945 0.036 2.40%
5% noise 0.729 0.075 6.40%  0.887  0.048 3.60%  0.904 0.046 3.60%
10% noise  0.660 0.085 7.40%  0.873  0.050 3.90%  0.886 0.050 3.80%
15% noise  0.697 0.082 710%  0.838  0.062 5.60%  0.850 0.056 4.50%

When the original motion input data is without noise, the test procedure of this
paper is similar to the study of Moreira and Guedes Soares [10]. The databases of wave-
induced vertical bending moment and shear force prediction model are established based
on theoretical methods. When the significant wave height is 3 m, the correlation coefficients
of VBM of ADEE ship and Grand America Ro-Ro are 0.8945 and 0.607, respectively. The
prediction accuracy of the VBM model of the present study is 0.913. It is obvious that
the LSTM model has better prediction performance than the ANN model. As the level of
noise increases, the prediction accuracy gradually decreases. For motion input data with a
noise of 15%, p = 0.838 and MAPE = 5.60%. Figure 29 presents the prediction results under
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different levels of noise. When the noise level is at 15%, the prediction values closely align
with the actual values.
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Figure 29. Prediction results under different noise levels (VBM prediction model).

Another advantage of the present paper is its ability to predict horizontal bending
moments (HBM) and torsional moments (TM). The prediction accuracy of the HBM model
is the highest. For motion input data without added noise, p = 0.945 and MAPE = 2.40%. As
the level of noise increases, the prediction accuracy gradually decreases. For motion input
data with a noise of 15%, p = 0.85 and MAPE = 4.50%. Figure 30 presents the prediction
results under different levels of noise. When the noise level is at 15%, the prediction values
closely align with the actual values.
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Figure 30. Prediction results under different noise levels (HBM prediction model).

The prediction accuracy of the TM model is the lowest. For motion input data without
added noise, p = 0.743 and MAPE = 6.20%. As the level of noise increases, the prediction
accuracy gradually decreases. For motion input data with a noise of 15%, p = 0.697 and
MAPE = 7.10%. Figure 31 presents the prediction results under different levels of noise.
While the prediction values at a 5% noise level closely align with the actual values, those at
10% and 15% noise levels significantly deviate from actual values.
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Figure 31. Prediction results under different noise levels (TM prediction model).

In summary, although all noisy data have been subjected to filtering, an increase in
the noise level will still lead to poorer prediction results. Filtering techniques cannot filter
noisy data to be the same as the original data. Instead, the lower the noise level, the lower
the degree of dispersion in the results after filtering, as discussed in Section 4.2.2. When the
input data are the original motion response data without noise, the prediction accuracy of
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the VBM and HBM models is about 22% higher than the TM model. When the input data
are the original motion response data with a 15% noise level, the prediction accuracy of
VBM and HBM models remains 20% higher than the TM model.

5. Conclusions

This paper proposes a real-time prediction method of hull girder loads considering
the noise in motion monitoring data. Four improved recurrent neural networks are used
to establish the hull girder load prediction models. The commercial software Wasim is
utilized to acquire databases of ship motion response and hull girder loads in waves.
Numerical noise is introduced to the ship’s motion response data to emulate real ship
motion monitoring data. The following conclusions are drawn:

(1) The method of controlling variables is used for hyperparameter optimization. With-
out considering data noise, the optimal network structures of the hull girder load
prediction model are respectively obtained based on four improved recurrent neural
networks (LSTM, GRU, BI-LSTM, and BI-GRU networks). It found that the most
suitable type of recurrent neural network for different load components (TM, VBM,
and HBM) is different. The three-layer GRU network with 32 neurons each is the
optimal network structure for predicting TM and HBM, and the one-layer LSTM with
32 neurons is the optimal network structure for predicting VBM.

(2) The real-time prediction model of hull girder load takes ship motion monitoring data
as input in practical applications, and motion monitoring data inevitably contain
certain noise. It is found that directly using motion monitoring data as input for the
real-time prediction of hull girder loads will result in significant prediction errors.
Therefore, a numerical filtering method is proposed to preprocess the motion monitor-
ing data. The results indicate that the filtering preprocessing method can significantly
improve the prediction accuracy of the model. Using the prediction model that consid-
ers the effect of motion data noise, the performance of four improved recurrent neural
networks is further analyzed. It is also found that the three-layer GRU network with
32 neurons each is the optimal network structure for predicting TM and HBM, and the
one-layer LSTM with 32 neurons is the optimal network structure for predicting VBM.

(3) The prediction accuracy of the optimal network models for input data with different
levels of noise is discussed. It found that although filtering was applied to the original
noise data, the prediction accuracy of the model still decreased as the noise level
increased. For both the original input data and noisy input data, the prediction
accuracy of VBM and HBM is consistently more than 20% higher than that of TM.

Using neural networks to predict hull girder load is a new research direction for the
ship structure problem, and it will be of great significance for ship hull intellectualization.
There are still some shortcomings in the present study, which need to be improved in the
follow-up research.

Due to the lack of actual monitoring data, the model established in this paper lacks
validation with actual monitoring data. If actual ship monitoring data can be obtained in
the future, the prediction models can be used for further verification.

This paper takes a container ship as an example to propose a prediction method. Other
types of ships can also refer to the method proposed in this paper to establish a ship hull
girder load prediction model suitable for themselves. The model established in this paper
can be further verified for other ship types and other working conditions in future research.
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Abstract: Digital twins, an innovative technology propelled by data and models, play a seminal role
in the digital transformation and intelligent upgrade of ships. This study introduces a digital twin
methodology for the real-time monitoring of ship structure deformation fields, based on finite discrete
strain data, and a visualization tool framework is developed using virtual reality technology. First,
the inverse Finite Element Method (iFEM) is employed to derive the deformation field of the ship
structure in real time using sensor strain data. Secondly, the deformation field data obtained based
on the iFEM algorithm is converted into general visualization data conducive to interpretation within
virtual reality (VR) applications. Lastly, a digital twin software tool is built to enable synchronous
responses and interactions between the virtual scene and the physical scene, directly superposing
particular virtual objects (data acquired by sensors, computer-aided design (CAD) virtual models,
and deformation field cloud images) onto the physical scene in real time. The digital twin tool
embodies a virtual reality visualization system framework integrating the physical data measurement,
reconstruction, analysis, expression, storage, rendering, and interaction of deformation field data.
Through practical application, the flexibility, effectiveness, and compatibility of the developed
prototype tool are verified. According to the results, the system can enhance the efficiency of scientific
communication, model validation, and interdisciplinary sharing during the analysis and evaluation
of the mechanical properties of ship structures.

Keywords: ship structure; inverse finite element method; digital twin; scientific visualization; virtual
reality

1. Introduction

In the current era of digitization sweeping across the maritime industry, digital twins
have emerged as a crucial component. The domain of marine commerce is considerably
impacted by burgeoning globalization tendencies, and in this context, solutions stemming
from digital twins emerge as significant pillars of support. These solutions enable ship-
building and shipping enterprises to proficiently grapple with sundry challenges, including
but not limited to escalating delivery expenses and political compulsions toward decar-
bonization [1]. These tools serve as significant assets bolstering digitization initiatives.
Structural health monitoring (SHM) is a multidisciplinary technical field offering reliable
insights into the mechanical behavior of structures under load using measurement data
from sensor systems, thus facilitating decision support for structural safety evaluations.
Existing stress monitoring systems of hull structures mainly use limited and discrete strain
sensors placed directly at monitoring points, which makes it difficult to obtain the full field
information of the hull structure and cannot provide a complete stress state description of
each detailed structure in the whole ship [2-8].

With the advent of digital twins, a concept that has rapidly risen to prominence, con-
ducting health and safety evaluations rooted in twin models is gradually gaining traction
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as a focal point of research. In the recent chronological sphere, initial applications of digital
twins within the maritime domain have surfaced [9-12]. The literature evidences the usage
of digital twins in the realm of shipping, bifurcating it into two primary classifications [13].
The first category pertains to observation, calibration, and decision support integral to
ship operation and modulation. For instance, Coraddu et al. [14] established a numerical
model anchored in machine learning to quantify the velocity of damage caused by marine
fouling. However, the paradigm necessitated an ample corpus of sample data for the
efficient training of the model. The second category is applicable to system integration
testing and training. Tofte et al. [15] delineated a simulation system encapsulating virtual
humans in the ship pipe installation process, touted for its efficacy in hardware testing and
operational training. The utilization of digital twin technology in evaluating structural
safety remains in the nascent stages. Bernasconi et al. amalgamated finite element analysis
with augmented reality, proffering a twin model dedicated to monitoring fatigue crack
evolution in metal composite bonded connections founded on measured strain data [16].
Schirmann et al. [17] instituted a digital twin system for estimating hull structure fatigue,
predicated on measured wave response data, serving as an evaluation tool for cumulative
impairment endured by the ship.

Leveraging a strain sensor network measurement system to mirror the displacement
field of a structure in real time, colloquially known as shape-sensing, constitutes an integral
research tactic in SHM. In 2004, LR [18] proffered a scheme for sensor configuration
specifically crafted for typical hull structure surveillance in bulk carriers or oil tankers.
Classification societies such as the American Bureau of Shipping and Det Norske Veritas
have established protocols for sensor types, measurement precision, and data retention
requisites for hull monitoring systems [19]. Majewska et al. [20] conferred a methodology
for contemporaneous strain/stress monitoring of a sailing ship’s foremast employing Fiber
Bragg Grating (FBG) sensors. In a notable innovation, Tessler and Spangler [21,22] at NASA
Langley Research Centre developed a groundbreaking shape- and stress-sensing algorithm
known as iFEM. The utility and precision of the iFEM framework in assessing structural
deformation fields have been duly validated [23-26]. Kefal et al. [27] employed the strain
data obtained via finite element analysis as input data procured through the finite element
analysis as input data within the iFEM algorithm, actualizing deformation surveillance in a
typical chemical tanker.

One of the main purposes of employing digital twin models for ship-structure health
monitoring is to extract and exploit efficacious data to the maximum possible extent. Com-
mercial software platforms such as CEI Ensight [28] and GLView VTFEx [29] intensify the
demand for the visual interaction of finite element analysis (FEA) data in virtual real-
ity environments to a certain extent. However, limited interdisciplinary interfaces and
non-open-source features limit the application of user innovation scenarios. With the
development of VR technology, it is possible to reproduce the real processes of mechanical
phenomena. Song et al. developed the middleware CAE2VR [30], a tool adept at transmut-
ing FEA data into virtual visualization files, subsequently crafting a system to disseminate
limited heterogeneous FEA data within a virtual reality milieu. Cho et al. [31] proposed
a scheme for FEA data conversion and lightweight representation, thereby augmenting
the dissemination of FEA outcomes. Taking advantage of the superior memory capacity
inherent in supercomputers, Liu et al. [32] transformed the .ODB result file, computed
by the Abaqus 6.14 software, into a .vtk visualization file using a Python script, thereby
facilitating the parallel visualization of large-scale FEA results in the Paraview commercial
software. Through the application of neural networks, Hambli et al. [33] forecasted the
real-time deformation of tennis balls and rackets during the collision process, in which
users can feel the impact load of the racket through a haptic glove in a virtual reality
environment. Although the above-mentioned research has achieved rapid responses to
prediction results by training surrogate models, it is still limited by the scale of the finite ele-
ment model, which may produce unreliable results for untrained inputs. Deciphering ways
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to streamline interactions and disseminate FEA data in pragmatic applications continues to
pose a formidable challenge [33-36].

Limited by the current level of computer technology, one of the major problems in ship
strength digital twin research is how to obtain the global field deformation results of the
structure based on limited strain measurement points. Assessing and overseeing the safety
status of any structure, such as a ship, typically requires an examination of its inherent
mechanical properties. This analysis often involves the development of a finite element
model of the target structure, or a reduced-order variant thereof, or the implementation
of deep learning techniques. The unwieldy nature of finite element simulations results in
the technology falling short of meeting the exigencies for swift response in the monitoring
sequence. The adoption of a reduced-order model necessitates a considerable amount of
preparation work, demanding repetition when the target structure varies. Deep learning
methods require training with an extensive volume of samples, but they may yield unreli-
able outcomes for untrained inputs. A common feature amongst these three methods is the
disjunction between numerical computations and physical scenes.

This paper aims to explore the feasibility of employing limited discrete strain measure-
ment data within physical scenes to effectuate the real-time reconstruction of the structural
deformation field, ultimately actualizing the potential of a virtual-real fusion digital twin
monitoring system. The self-developed digital twin tool commences with the values gath-
ered from strain gauges on the investigated structures, proceeding with an analysis based
upon the iFEM framework. Following the reconstruction of the deformation field, the data
are subsequently provided to the VR system to achieve an integration of the monitoring,
analysis, and visualization processes. Given that the hull primarily consists of welded thin
plate structures, numerical simulations generally utilize quadrilateral or hexahedral meshes
to ensure precise computations. Accordingly, our study adopts a four-node inverse-shell
element formulation based on Mindlin’s first-order plate theory. Differing from the tradi-
tional iterative process of nonlinear numerical simulations, the iFEM method presented
herein utilizes real-time measured strain data. This methodology is particularly suited to
reconstructing the deformation field during a structure’s linear elastic stage, excluding
considerations of material or geometric nonlinearity.

The remaining sections of this paper are organized as follows. In Section 2, the
fundamental concepts and overview of the extant digital twin system are explained, and a
digital twin framework of virtual-real fusion, a deformation field reconstruction algorithm
based on the inverse finite element, and a visualization strategy for the virtual scenes
are established. Section 3 introduces the real-time virtual-real interactive platform for
ship structure mechanic testing, constructed using the digital twin methodology and
validated through comparative verification via physical model test case studies. This
section incorporates discussions on various technical issues related to the monitoring of
structural mechanical properties, such as the analysis of deformation fields, fusion of
physical and virtual data, and virtual visualization of deformation fields. Finally, Section 4
draws the primary conclusions and summarizes the insights gleaned from this study.

2. Methodology
2.1. Real-Time Digital Twin of Ship Structure Deformation Field

Digital twins, utilized for the real-time assessment of ship structure deformation fields,
require the following basic elements: a fusion of physical measurements and virtual data, a
reconstruction of the deformation field, and a virtual-real fusion visual interactive platform.
These components can interlink and bolster a variety of complementary functions, such as
data analysis, monitoring, and decision-making. The execution of all analyses, simulations,
and visualizations should occur in real time to provide a robust framework for the rapid
evaluation of the ship structure’s deformation field. This novel digital twin system harbors
the potential to aid operators’ decision-making processes concerning hull structure safety
assessments. It focuses on the deterministic identification of the structural deformation state
under specified loads, as opposed to statistical values predicated on marine environmental
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factors or labor-intensive numerical simulation computations. The system can proffer more
granular information on the entire field of the ship structure, thereby mitigating the risk of
structural failure induced by the excessive operation of the vessel. As current circumstances
dictate, extant digital services are not without their flaws [37]. In the future, the completed
system should incorporate assessments of potential large deformations of ship structures
under severe sea conditions.

The composition of the digital twin platform for the real-time assessment of ship
structure deformation fields is depicted in Figure 1. It encompasses a physical scene and
strain data measurement module, an iFEM-based deformation field reconstruction module,
a virtual scene construction and data fusion module, a deformation field visualization
module, and a digital twin integration platform. The bottom layer of the deformation field
reconstruction module integrates the iFEM algorithm to derive global field deformation
information about the structure via measured strain data. The virtual sensor measurement
module prompts the model within the virtual scene to mimic motion responses consistent
with the physical scene, using displacement data derived from the loading device in the
physical scene. The deformation field virtual visualization module offers users immersive
interactive functionalities within virtual scenes to facilitate the exploration of structural
mechanical properties. The digital twin platform amalgamates these diverse functional
modules, thereby constructing a digital twin software system for the real-time assessment
of ship structural deformation fields through its deployment.

Structural safety
assessment
physical scenario

Strain sensor
data
collection

iFEM deformation
field reconstruction

Structural safet Virtual Structural irtual visualizati
asszzr;l;tir:u}; sensor C> mechanics behavior lrcfl;?ie\;;ﬁaltfzgon
measurem
scenario 2 assessment fields
Digital twin
platform

Figure 1. Overall process of real-time digital twin.

2.2. Digital Twin Architecture

Assani et al. [38] described the application of digital twins within the sphere of marine
engineering. Upon a perusal of the extant literature, it can be observed that digital twins
have varying degrees of integration in imitating physical objects. The first layer is referred
to as the digital model, encompassing the digital simulation of the physical entity where the
communication between the digital and physical object is wholly manual. The second layer,
also known as the digital shadow, ensures the one-way flow of data wherein alterations
in the physical model’s state are mirrored within the digital copy. The third layer, known
as the digital twin, exhibits seamless bi-directional information transmission between
the physical and digital objects. The theoretical concept of the digital twin encompasses
procuring load data and hull response readings through environmental monitoring to
formulate a simulation model. The intersection of virtuality and reality facilitates the
conversion of environmental monitoring outcomes into structural stress results, with the
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digital model guiding and forecasting for the physical model. As illustrated in Figure 2,
the characteristics of digital twins can be described as follows:

(1) The transition from physical space to virtual space rests on the premise that the digital
model possesses high fidelity.

(2) The implementation approach involves numerical simulation technology and artifi-
cial intelligence.

(3) The key technology lies in facilitating data interaction between physical and virtual spaces.

(4) The implementation requirement is to meet real-time performance as much as possi-
ble.

High-fidelity
digital
models

Numerical

simulation,
artificial

intelligence, etc

Data interaction
between physical
and virtual spaces

implementation Digital twin key
method features technologies

requir¢gments

Real-time
and near
real-time

Figure 2. Characteristics of the digital twin approach.

For hull structures, traditional beam theory coupled with finite element and other
technologies have offered varying degrees of fidelity in virtual models and numerical
simulation results, aligning with the first two characteristics referenced above. The key to
realizing the digital twins of ship hull structures currently lies in enhancing the fidelity of
virtual models and simulation results, and ensuring rapid responses. Though monitoring
the external environment of hull structures is still in its infancy, stress monitoring is
relatively mature. Consequently, strain measurements can serve as the data source for the
digital twin system dedicated to ship structure safety monitoring. Given the impracticality
of installing strain sensors at all points in the ship structure, particularly within narrow and
enclosed spaces, utilizing limited strain measurement locations to procure the global field
information of the structure poses a significant technical challenge. Additionally, the finer
the numerical model, the higher the computational cost, which contradicts the real-time
nature of digital twins. Hence, resolving the swift response within the digital twin platform
remains an important issue. In this research, the conceptual implementation of the digital
twin for a ship hull structure safety assessment (Figure 3) envisages using partial stress
monitoring points to effectuate the deformation field reconstruction, supplemented with
displacement monitoring data in the physical environment. Such data are incorporated
into the construction and simulation technology of the digital hull structure model, and
the structural state of the ship’s global field is obtained through an efficient computation
of the deformation field reconstruction. In the meanwhile, relevant measured data and
reconstruction results are relayed back to engineering and experimental designers via
virtual reality technology.
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Figure 3. Real-time digital twin technology flow chart for hull structure safety assessment.

Digital twin epitomizes the cutting-edge evolution in implementing digital modeling,
simulation, and industrial internet of things (IoT) technology, encompassing all digital
models of the physical system to simulate, predict, and assess key activities interrelated
with physical measurement data. The content of the digital twin is organized here as the
embodiment of the physical entity, interconnectedness of states and data harvested from
the entity, and simulation or scrutiny of behavior. A digital twin includes all entities and
virtual models shared in the simulation. Sensor measurement data collected from the
system serve in the analysis and simulation of the structural mechanical behavior. The
digital twin developed in this research facilitates a bidirectional flow of data information
between the actual hull structure and its virtual model. Additionally, for a digital twin
platform of high-fidelity simulation models across multiple domains, it is prudent to adopt
a phased progression in development. Functional modules are independently developed
and then associated with the digital twin platform to strike the necessary equilibrium
between fidelity and simplification.

2.3. Inverse Finite Element Formulation for Shells

The real-time, rapid, and accurate acquisition of structural state information is crucial
for early warning mechanisms and bolstering ship safety. Most SHM methods do not take
into account the structure’s topology and boundary conditions. The iFEM reconstructs the
overall displacement field of the structure in real time from strain data gathered from a net-
work of sensors stationed at various points on the structure. Unlike other developed SHM
systems, the iFEM method possesses broad applicability to intricate structures influenced
by complex boundary conditions in real time [22]. Given that the strain measurements
represent the sole input in the iFEM formulation and the constructed strain-displacement
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relationship does not involve the structure’s material properties and load information, there
is no requirement for prior knowledge of material characteristics and load information,
making it well-suited for complex structures. The four-node quadrilateral inverse-shell
(iQS4) element formulation is established under the assumption of Mindlin’s first-order
plate theory. Considering the practical application in marine structures, the measured
strain data in this study serve as the input for the iFEM algorithm, with the structure’s
deformation field as the output data.

2.3.1. Quadrilateral Inverse-Shell Element

This section employs the iQS4 element to demonstrate the derivation process of the
iFEM formula. As depicted in Figure 4a, the iQS4 element, global coordinate system XYZ,
and local coordinate system xyz are illustrated. The origin of the xyz system is located at
the centroid of the element’s middle surface quadrilateral. Nestled at the centroid of the
middle surface quadrilateral of the element and furnished with six degrees-of-freedom
(DOF) per node, as highlighted in Figure 4b, the iQS4 element encompasses translations
u;, vj, w; inaddition to rotations 0y, 6,;, 6.;. The theoretical strain of the structural element
is divided into plane strain e(u°), bending curvature k(u°), and transverse shear strain
g(u®), where u® symbolizes the displacement exhibited by the four nodes. The formulation
of the iQS4 element is actualized initially by composing the membrane and bending
curvature matrices separately, ultimately amalgamating them for exportation. The relevant
calculations of the iQS4 are procured relying on Mindlin’s plate theory, considering the
influence of shear deformation. According to the assumptions of Mindlin’s first-order plate
theory, the relevant derivatives of the three components of the displacement vector are
calculated. Subsequently, the strain-displacement relationship of linear elastic theory is
deduced as follows:

e(u®) + zk(u®) = B"u¢ + zBFu® = (exxsyyszz)T
¢ 5. e T )

g(uf) = Bu® = ('sz')’yz)

where u® = [u§ u§ u§uf], uf = [u;v; w; 0y 0y Gzi]T with (i =1, 2, 3, 4), and B" is a

matrix that stands for the derivatives of the shape functions associated with the membrane

behavior. Conversely, B¥, B matrices manifest the corresponding derivatives of shape

functions designed to delineate the bending behavior of the element.

(@) (b)

Figure 4. Four-node inverse-shell element. (a) iQS4 element showing global and local coordinate
systems; (b) Nodal DOFs in the local coordinate system xyz.

2.3.2. Input Data from In Situ Strain Sensors

The input for the iFEM is the measured strains at the center points on the top and
bottom surfaces of each inverse element, as illustrated in Figure 5. Commonly used strain
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sensors incorporate strain rosettes or FBG sensor networks. The distinct attributes of an
FBG system include its lightweight nature, swift operation, immunity to electromagnetic
interference, and a lack of necessity for recalibration post installation. Tessler and Spangler
(2005) pointed out that reference plane strains e; and Curvatures ki could be calculated
utilizing measured surface strains [39]. In Equatlons (2) and (3), €1, ;y, vjy denotes the
measured strain on the upper surface of the element, ¢, €,,, 7, represent the measured
strain on the lower surface of the element, and h is the distance from the middle surface to
the surface. Transverse shear strain ¢f cannot be measured directly through strain rosette
sensors. However, in the context of plate and shell structures, the value of transverse shear
strain is much smaller those of plane strain and bending curvature, thereby rendering the
influence of transverse shear strain negligible in the iFEM formulation.

et e
1 XX xx .
el = 5 s'y"y + | &y with (i=1,...,n) ()
+ —
Txy Vxy i
1 8;{"_)( S;X
K = 5 s;y —| &y with (i =1,...,n) 3)
Ty Ty i

z=+h

strain rosette (top) ( R )'l‘
x “y “xp

z=—h T
_ (0 2, 25)
strain rosette (bottom)

Figure 5. Strain rosettes instrumented on the top and bottom of iQS4 elements.

2.3.3. Weighted Least-Squares Function

At the core of the iFEM lies the construction of a least-squares function ¢, (1¢) between
the measured strains of an element and the theoretical strains. By considering the mem-
brane, bending, and transverse shear deformation of the element, the least-squares function
is minimized with respect to the nodal displacements using the variational principle. Sub-
sequently, an estimated value for the node displacement is procured and deemed reflective
of the measured displacement.

e (1) = welle(u) — e|* + wellk(u®) — K> + wgg(u) — ¢° )

In Equation (4), w,, wy, wy are weight coefficients. The correct use of the weighting
constant is especially critical for problems involving a relatively small number of strain
measurement points. Setting the weighting constant at 1 is recommended when the
element possesses a corresponding strain measurement value. The square norm depicted
in Equation (4) can be rephrased in the context of a normalized Euclidean norm as follows:

2
le(u®) — e = 1 f Z( —¢f) dxdy
AEz 1 )
Jiue) — kI = Gy 21( —kE) dxdy )
lg(ue) — g°|* = 1JZ[ Z(g(u ) dxdy
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In the formula, A€ is the area of the element. For inverse elements without strain sensors,
the weighting constant is set to 10~°. These weighting constants guarantee satisfactory
regularization of Equation (4), even under circumstances where the iFEM model presents
scant measurement strain data. This allows for necessary interpolation linkages between
inverse-shell elements equipped with strain rosettes. Nonetheless, augmenting the quantity
of elements for strain-free measurements has the potential to impair the precision of the
deformation field reconstruction. With these assumptions, the least-squares function is
minimized using the variational principle, i.e., through the extraction of partial derivatives
relative to nodal displacements:

e
% =ku®—f°=0 6)
where k¢, f¢ are the inverse stiffness matrix and load column matrix of the element,
respectively. The overall displacement of the structure can be calculated from both the
overall inverse stiffness matrix and the corresponding inverse load column matrix. Once the
local matrix equations are defined, the element contributions to the global linear equation
system of the discretized structure can be obtained as follows:

KU =F @)

where K is correlated with the measured strain value, U embodies the global nodal dis-
placement vector, and F represents a global function of the measured strain value.

2.4. Visualization and Visual Interaction

The use of VR technology in the evaluation of engineering analysis results has at-
tracted increasing attention [40]. Some existing shared formats can indeed enhance the
exchangeability of deformation field data in VR scenarios. However, they are still relatively
inefficient. Therefore, the concept of a new practical shareable neutral data architecture is
proposed for the effective sharing of multidisciplinary data in collaborative environments.
The most critical requirements are summarized below:

(1) Improve access to data sources and automation level.

(2) Provide higher data processing efficiency and facilitate verification by design and
engineering personnel.

(3) Enhance the immersive exploration of data results.

(4) Enhance the interactivity of simulation results.

(5) Traceability and consistency of data result conversion.

This study attempts to propose a VR-based visualization postprocessing system for
the virtual visualization of strain field data, thereby enhancing the attention of engineering
designers and managers to the structural change results. Among them, the developed
workflows range from reading raw data to displaying visualizations in a virtual environ-
ment (VE). Hence, a virtual visualization framework was established, as shown in Figure 6.
The virtual visualization system consists of three modules, which are a discrete mesh model
reconstruction module, deformation field data processing module, and virtual interaction
module. Through customized data interfaces between different modules, data interaction
and management during system integration can be realized. The discrete mesh model
reconstruction module primarily completes the reconstruction of the target structure in the
virtual scene, laying the foundation for the visualization of the deformation field cloud
diagram. The deformation field data processing module mainly completes readings and
node assignments for the deformation field data obtained by the iFEM algorithm. The
virtual interaction module renders and interacts with the deformation field and observes
and evaluates the structure through various interactive methods such as segmentation,
rotation, slicing, and extraction.
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Figure 6. Deformation field virtual visualization implementation process.

The process of visualizing the discrete mesh model and deformation field data in-
volves nodes, elements, vertex sequences, normal sequences, edge sequences, and texture
sequences. Shareable models must minimize files while retaining necessary information.
Since the Unity 3D platform does not support quad-mesh rendering, the meshing and
reorganization algorithms are also embedded. Delaunay triangulation (DT) is the most
common unstructured triangulation method in many applications [41], which maximizes
the minimum angle of any triangle [42]. For large-scale models, the subdivision and reor-
ganization algorithm was designed in parallel, and Python’s multi-processing module is
used to call multiple processes to achieve full utilization of system resources. In the divi-
sion, elements are evenly distributed among different processes, and their array intervals
are calculated. During the reorganization process, data blocks are evenly distributed to
different processes for sub-model reorganization, where each process reads the shared data
without writing.

3. Case Studies for Real-Time Digital Twin
3.1. Application Objects and Test Preparation

This paper targeted a stiffened plate structure of an actual hull, aiming to validate the
reconstruction algorithm, deformation field visualization, and digital twin platform. The
employed material was Q235 steel. The stiffened plate structure contained two types of
stiffeners: T-shaped bar and flat steel, as represented by a geometric schematic in Figure 7.
The main geometric parameters of the stiffened plate structure test object are depicted in
Tables 1 and 2.

Table 1. Main scale parameters of stiffened plate model (unit mm).

Length Width Panel Length Panel Width
400 416.7 100 69.4

Table 2. Stiffened plate model structural parameters (unit mm).

Plate Thickness Number of T Profiles Number of Flat Bars

T Profile Parameters Flat Ste

el Parameters
hw X tw/bf X tf hw X tw

6

1 4 22 x 6/17 x 6

10 x 6
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Figure 7. Schematic of 3D model of stiffened plate.

Figure 8 illustrates the configuration of the strain rosettes and displacement sensors,
with displacement meters (wl-w6) placed in areas of significant vertical displacement.
Strain gauges were located in areas of high stress levels, incorporating triaxial strain
rosettes (T1-T24) at the center of the plate grid, and uniaxial strain gauges (51-S8) at the
mid-span of the reinforced rib and T-profile web. Figure 9 showcases the stiffened plate
structure test scheme, primarily comprising longitudinal reaction frames, crossbeams, and
hydraulic cylinders. The reaction frame was fixed to the ground, while the hydraulic
cylinder transferred the load to the crossbeam, thereby applying axial compression load
onto the stiffened plate. Displacement sensors measure the stroke of the hydraulic cylinder.
The surface load imposed on the stiffened plate structure was facilitated through the use

of sandbags.
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Figure 8. Stiffened plate model strain gauge and displacement gauge layout diagram.
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Longitudinal reaction frames test model hydraulic

support frame

Figure 9. Loading scheme of the test model.

3.2. Ship Structural Mechanics Test Digital Twin

Considering the increasing importance of digital twins within the ship industry, a
digital twin data integration method adaptable to different data classifications is proposed,
supporting data exchange and interoperability between various functional modules. Within
the context of content, a framework was established for both physical scene representation
and status alongside a methodology for simulating the mechanical behavior of the target
structure. Digital twin data are arranged into independent databases, accompanied by
textual descriptions outlining their purpose and attributes. Through this modular approach,
the independence of distinct data resources is preserved while enhancing the data exchange.
The digital twin framework, developed based on these principles, was applied to a case
study examining a hull structural mechanic tests, aiming to serve as a starting point for
more complex future applications. Digital twin data were associated with deformation
field reconstruction algorithms and virtual visualization algorithms, developed within a
proprietary platform. These were employed for monitoring and controlling the mechanical
tests of the target structure model, thus offering a superior degree of service maturity and a
wider spectrum of data information in comparison to mere online monitoring tools.

In accordance with the categories expounded upon in Section 2.2, digital twin con-
tent was divided into four groups: physical models, sensor monitoring, virtual scenes,
and behavior models. Data patterns were discerned and mapped using referencing tags
retained in an array of databases. Physical models and virtual scenes were linked and
mapped through 3D models, sensors, location coordinates, and identification tags in the
hull structural mechanics test scene, as shown in Figure 10. The 3D models in the virtual
scene exhibited comprehensive detailing (e.g., side and bottom), while the overall motion
response was monitored through the assimilation of collision and displacement data within
the physical scene. The behavior model was mainly realized through deformation field
models, constructed by the iFEM algorithm. An overview of the digital twin pattern is
presented in Figure 11.

Confirm location

(a) Physical test scene (b; Virtual assebly process-

Figure 10. Cont.
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(c) Virtual sensor arrangement (d) Virtual test scene

Figure 10. The construction process of digital twin scenarios.

collection

feedback transfer

reconstruction

Figure 11. Data transfer of digital twin models.

3.3. Visualization and Interaction

The virtual visualization system architecture adopted a multi-module design method
and independent interfaces for data transmission between modules such as mesh segmen-
tation and reorganization, data visualization, visualization and interaction functions, which
not only ensured the relative independence and functional scalability of each module,
but also standardized data communication between systems. This study adopted the
divide-and-conquer approach [43] to reconstruct the finite element mesh in the virtual
environment. Figure 12 shows the model reconstruction and rendering process based on
point arrays in the virtual environment. The node index, node coordinates, element index
and node connection order of the mesh were extracted, and the node array was drawn in
the virtual visualization space. Through the mesh index, the quadrilateral elements were
spatially divided to construct subsets, a Delaunay triangle subgrid was constructed in each
subset, and the subgrids were merged recursively. The mesh reconstruction prioritizes
the original triangular mesh and construction order in the finite element data to avoid
local shape distortion. By mapping the numerical solutions of physical quantities on nodes
into the RGB color space [44], a color cloud image for the deformation data visualization
was constructed. The virtual visualization system was built and released based on Unity
3D 2019 software and was developed using C# and Python, which run on the Microsoft
Windows operating system. This study used a surround-screen virtual test environment
provided by the Virtual Reality Laboratory of Ship Digital Design of Shanghai Jiao Tong
University in China.
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Figure 12. Model reconstruction and rendering based on point arrays.

Overall, in the visualization strategy of the virtual visualization system, the mesh
nodes were loaded first. Then, the finite element mesh was reconstructed according to the
connection sequence of each element. Finally, the node solutions and element solutions
were extracted from the deformation filed database for assignment to realize the model
rendering and visualization. It should be emphasized that the rendering of the model was
interpolated through the color of the triangle patch nodes, and finally, the rendering of the
entire finite element model was achieved. For the visual interaction module, the aim was
to facilitate the exchange of data between humans and machines. The operation methods
included model scaling, perspective slicing, rotation, cropping, and mesh hiding, which
can be carried out by mouse, keyboard, or VR gamepad. As for the deformation file results,
they can be checked using a handheld cutter or clipped using a virtual cube. The physical
model test application scenario is shown in Figure 13.

Figure 13. Deformation field cloud diagram.
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3.4. Real-Time Digital Twin Platform

Based on the Unity3D platform, a graphical interface for the real-time digital twin
of ship structural mechanics is provided to users, thereby enabling remote data access
and control over physical tests. The interface displays four elements: the central 3D scene,
the sensor data information window on the left, the 3D deformation field visualization
graphic window, the physical scene video window on the right, and the control panel at
the top (Figure 14). The 3D visualization is nearly synchronous with the physical scene
test process, exhibiting real-time displays and facilitating six DOFs in rotation and scaling
operations. The most basic function of the digital twin involves the supervision and
control of the experiment. The interactive interface provides two monitoring methods:
data and video. Cameras are placed to allow users to remotely view the physical test
scene. The displacement data of the loading device provides users with the most direct
load information, frequently employed to authenticate the functionality of the propulsion
system and the loading state of the model, and to corroborate the synchronicity of the
virtual assembly model with the physical model during the test. For monitoring structural
mechanical behaviors, real-time deformation reconstruction results and comparisons with
measured displacement data are provided through the iFEM algorithm. The left side of
Figure 14 shows output strain measurement point data, a deformation reconstruction,
and a comparison with measured data. This feature proves particularly useful during
experimentation, in facilitating debugging, and during testing of the experimental setup.

\isensor view —§CAE view Compared rVR view

Comparison of measured and reconstructed  ><

Data and identification information

$1 ue mO030 -

$10 e mo039

m12!

m130;

m131

m132’

m133’

m134;

Figure 14. Real-time digital twin platform for ship structure mechanic testing.

4. Discussion

Drawing on our experience, promoting data exchanges and interoperability has fa-
cilitated the construction of the synchronized motion response of the virtual assembly
scene relative to the physical testing process. Ensuring the effective communication of
assumptions among test engineers, whether through detailed software documentation or
verbal directives, enables operators to respond adeptly and diminishes the likelihood of
test failures. A significant theme for subsequent research involves exploring methods for
executing more complex application scenarios within the digital twin framework, with
an ultimate aim to expand its applicability to a broader digital architecture. However,
it is worth noting that our current research methodology lacks the capability to solve
the reconstruction problem associated with nonlinear large deformations of the structure.
Currently, there are two potential solutions to address this issue. The first solution involves
using a method similar to Newton'’s iteration, which takes into account the nonlinear prob-
lems arising from geometry and materials. However, this method may result in extended
response times during the reconstruction process. The second solution proposes correcting
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the reconstruction results using a fast-order reduction calculation method. This approach
effectively ensures a rapid response during the reconstruction process.

5. Conclusions

Powerful online monitoring technology serves as a pivotal catalyst for remote control
centers, particularly when integrated with dynamic perception algorithms. Practical case
studies demonstrate the potential of digital twins in augmenting the monitoring of ship
structural mechanic characteristics. The utilization of immersive visualization simplifies
the conveyance of the mechanical behavior and state of a structure, superseding traditional
methods such as the exhibition of logs and diagrams or the triggering of alarms. The
responsive interaction employed in this paper was actualized through a high-frequency
data exchange communication system interfacing with the physical setup. A modular
methodology was employed to link the deformation field monitoring system to the digital
twin. The iFEM approach was used to acquire real-time, global field deformation informa-
tion of the target structure, eschewing reliance solely on independent data from key discrete
measurement points. On one hand, the integration of the iFEM algorithm facilitates rapid
responses to strain data, offering more flexibility compared to traditional time-consuming
numerical simulations and enhancing the capabilities of the digital twin as a unified inte-
grated system. On the other hand, the proposed immersive virtual visualization interaction
scheme revolutionizes the exploration of structural mechanical behaviors and enhances
the workflow of virtual reality-supported decision making. Unforeseen interactions may
surface during the operation of distributed subsystems.
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Abstract: The floatation capacity of seabed pipelines has long been considered a key risk element
during design, especially with the combined loading of waves and currents. This paper presents a two-
dimensional coupled approach with a poro-elastoplastic theory to study the floatation of pipelines
with the combined loading of waves and currents. The findings suggest that the proposed method is
able to capture the mechanical performance of pipeline floatation. Pipeline floatation occurs in two
distinct phases. In the initial phases, the pipelines float slowly with the cyclic loadings. In the second
stage, when the backfill soil in the middle position of the pipelines begins to liquefy, the floating
displacement increases obviously. The boundary constraints provided by the pipelines strengthen
the backfill soil as well as accelerate the release of excessive pore water pressure. Meanwhile, a
nonliquefiable region is formed under the pipelines. The floating displacement of the pipelines
increases as well as current velocity, wave height, and wave period, and reduces with increased
backfill soil permeability. Increasing the permeability coefficient of backfill soil can obviously restrain
the floatation of pipelines.

Keywords: seabed pipeline; wave and current; excess pore pressure; porous media; liquefaction;
effective stress

1. Introduction

Seabed pipelines have a common application in oil and gas transportation. Seabed
pipelines are usually fully buried offshore while partially buried deep in sea. However,
wave and current loadings induce an increase in excess pore water pressure within the
seabed soil, thereby reducing its effective stress. The shallow seabed will even liquefy. In
the liquefied seabed, it will float up without weighting measures. The floatation of the
pipeline will destroy the overall stability and ultimately affect the safety of the pipelines.
The floatation capacity of seabed pipelines has long been considered a key risk element, and
studying pipeline floatation is crucial for the checking procedures of subsea pipelines [1,2].
Therefore, to ensure seabed pipeline safety, it is essential to assess the dynamic reaction
of the seabed pipeline to combined wave and current loadings, particularly when the
pipeline floats.

The use of coupled models that incorporate poro-elastoplastic theory has greatly
increased the understanding of seabed pipelines floatation [3-5]. For instance, Qi and
Gao [6] and Liang et al. [7] developed models that account for fluid—seabed—pipeline
interactions, capturing the effects of cyclic wave loading and soil liquefaction. Numerous
researchers have employed numerical modeling techniques to examine the soil-structure
interaction of marine constructions [8-10]. Based on the literature review above, studies
treating the sandy seabed as an elastoplastic material remain very limited at present,
because the oscillatory response can be described accurately, while the residual pore
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pressure cannot be captured. In addition to numerical analysis, both oscillatory mechanism
and residual liquefaction have been observed in laboratory experiments [11-13]. The
wave flume test is a common method that can intuitively simulate wave conditions. The
seabed reaction to wave action was reported by Zhang et al. [14], Wang et al. [15], and
Smith et al. [16], respectively, using wave flume testing. In addition to wave flume test,
Smith et al. [17], Jones et al. [18], and Wang et al. [19] elucidated the dynamic behavior
of seabed particles under flow conditions through centrifuge experiments and numerical
simulations. Due to the limitations of the laboratory equipment, only the pressure of
pore water can be determined due to equipment restrictions in the laboratory. However,
numerical approximations can effectively compensate for these deficiencies.

The situation becomes more complex when the fluid-seabed interaction takes a
pipeline into account. However, since the 1980s, the interaction between waves, the
seabed, and pipelines has been the subject of numerous investigations [20,21]. In recent
years, Zhang et al. [22] introduced a 3D buried seabed pipelines simulation using the
existing DYNE3WAC system as a basis. Building upon the assumption of poro-elastic soil
material and the suggested numerical model, the implications of soil and wave features on
the seabed reaction around the seabed pipelines induced by waves were examined. Zhao
et al. [23] considered the preconsolidation caused by the pipeline’s weight and proposed
one model that included a new definition of residual pore pressure generations. Zhao’s
study investigated the impacts of the backfill depth on the soil dynamic reaction surround-
ing the pipeline, but the effects of current loadings were still ignored. Zhao et al. [24] used
a two-dimensional numerical framework to explore how cross-anisotropic soil properties
influence the dynamic seabed reaction and presented a simpler approximation for deter-
mining max liquefied depth based on comprehensive parametric studies. It is worth noting
that the earlier research exclusively examined the impact of wave loading on the dynamic
response of the seabed. In recent years, although there have been many excellent studies on
floatation of seabed pipelines exposed to complicated wave and current loadings [25,26],
the majority of soil constitutive models employed are static, with relatively few studies
focusing on dynamic soil models.

This paper presents a two-dimensional coupled approach with a poro-elastoplastic
theory to study the floatation of pipelines with the combined loading of waves and currents.
The cyclic constitutive model [27,28] incorporates the structural, overconsolidation, and
anisotropic characteristics of soil, facilitating an accurate portrayal of the static and dynamic
behaviors of both sandy and clayey soils, rendering it more comprehensive compared
to the elastoplastic model. It can more accurately simulate the dynamic response of
pipelines under wave and current loadings, particularly when the pipeline floats. A
comprehensive discussion of the results is presented, involving those on the mechanism
of pipeline floatation and the impacts of current and wave characteristics, and particular
attention is paid to the impact of soil permeability.

2. Materials and Methods
2.1. Wave Module

To accurately simulate the dynamic response of the seabed, this paper employed the
third-level approximation wave—current interaction model widely used in ocean engineer-
ing research. This model could better capture the complex interactions between waves and
currents. By integrating the dispersion relation, it enhances the ability to forecast wave
behavior across diverse water depth scenarios, thereby ensuring versatility in its practical
application, and it can comprehensively calculate the dynamic pressure on the seabed.
Below is a detailed introduction about the model.

Hsu et al. [29] assumed that sea water is an in-viscous and incompressible fluid
and proposed a third-level estimate for the interaction between waves and currents. The
corresponding relationship is outlined as follows:
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where @ is the velocity potential, g represents the gravitational acceleration of the earth, k
signifies the wave vector, Uy denotes the flow velocity, H stands for the first-order wave
height, C(t) represents Bernoulli’s constant, d indicates the water depth, and # refers to the
free surface elevation relative to the static water level.
The dispersion relationship can be stated as

w = wp+ (KH)2w2 4)
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It can be seen that when U = 0, the above formula represents the traditional solution
with no currents. Further, Ye and Jeng [30] proposed the dynamic pressure that is applied
to the seabed when it is paired with current and wave loadings:

wy = (wp — Upk) (6)
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2.2. Seabed Module

Particle shape, density, stress and strain history, structure, and overconsolidation all
significantly affect the mechanical properties of sandy seabeds. In addition, with different
loading and drained conditions, the mechanical performance of sand is completely different.
For example, loose sand is going to liquefy under cyclic loadings in undrained situations.
In contrast, dense sand will not liquefy. Under drained conditions, loose sand will be
compacted and not liquefied. Zhang et al. [27,28] and Ye et al. [31] suggested a cyclic
mobility constitutive model based on notions of subloading [32] and superloading [33].
The suggested model is able to represent the physical properties of drained and undrained
sand and clay under monotonic and dynamic loadings, as well as medium-density sand
and clay cyclic mobility.

This cyclic mobility constitutive model contains eight parameters, with b, a, and m
regulating the development rate of anisotropy, the structural loss rate, and the decay rate
for overconsolidation, respectively. The remaining five parameters are identical to those in
the Cam—Clay model. The physical interpretation of the three parameters is evident, so
they can be determined easily by laboratory experiments [27,28,31,34,35]. The model was
used in numerical assessments of various dynamic reactions [28,31,34-39].
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2.3. Numerical Formulation

A two-phase theory fully coupled with u-p formulation [40,41] is applied in dynam-
ical finite element valuation of sandy seabeds. In saturated soil, pore water pressure is
denoted as p and soil deformation as u. The u-p model assumes infinitesimal strain, minor
temporal and spatial variations in void ratio relative to other variables, negligible relative
acceleration between soil and pore water compared to within the soil, and incompressible
soil particles. Equations (8) and (9), respectively, represent the continuity equation and the
equilibrium equation.

.5 80’1‘]'
pu = == + pb; (8)
]
s 02 &, 1.
fes . OPa o & 1 _
P &ij axiaxi k (7’1 Kde) 0 (9)

where p represents the soil density, us denotes the soil displacement, pf stands for fluid
density, €°; is the volumetric strain of soil skeleton, p; denotes the pore water pressure,
Yw represents the unit weight of the pore fluid, k stands for the permeability coefficient,
Ky stands for the volumetric compressibility of the fluid, and n denotes the volumetric
compressibility of the soil porosity.

Based on the above u-p fully coupled dynamic analysis theory, in this paper, a hy-
brid scheme of finite element and finite difference (FE-FD) is employed for discretizing
Equations (8) and (9) in space. Under the (FE-FD) hybrid scheme, the displacements of
solids are discretized using the finite element approach, and the excess pore pressures of
liquids are calculated using the finite difference approach. Specific formulation and the val-
idation of accuracy can be obtained in Jeng and Ou [42]. On the basis of the FE-FD hybrid
scheme, Ye et al. [35] created a program called DBLEAVES, which conducts finite element
analysis in both 2D and 3D for static and dynamic scenarios. Subsequently, numerous
studies have confirmed the program’s precision and usefulness [34,37-39,43].

2.4. Model Validation

In this part, the experimental findings of Sumer et al.’s reservoir trial [12] are used
to validate the model’s accuracy and numerical analytic methodologies. Figure 1 depicts
the modeling and experimental results of EPWP (excessive pore water pressure at three
depths, Z =0 cm, 7.5 cm, and 12.5 cm). It can be shown that the mathematical findings
match the tests in terms of EPWP buildup at various depths as well as EPWP vibration
following liquefaction. From a holistic perspective, this model effectively simulates the
trends and magnitudes of experimental data, exhibiting high accuracy. The differences
between simulated results and experimental data, particularly at depths of 7.5 cm and
12.5 cm, are shown in Figure 1. The main reasons include the following: The wave generator
cannot produce ideal regular waves. Model experiments are subject to boundary effects,
and currently, these effects cannot be completely eliminated. Boundary effects are also
difficult to quantify. In this finite element study, the model size reaches 100 m with the aim
of minimizing the influence of boundary effects as much as possible.

2.5. FEM Model and Boundary Assumptions

Figure 2 illustrates the seabed-pipeline model with a single layer of sandy seabed.
The 2D model presents dimensions of 12 m in height and 100 m in width. The boundaries
on the right and left are constrained in the X-axis direction and are limitless along the
Z-axis. The lower boundary is secured in both the X and Z directions. Figure 3 depicts
the maximum excess pore pressures induced by waves as well as currents on the seabed
element positioned at the pipeline base, analyzed across various mesh mechanisms denoted
by the entire amount of elements N, in which u, represents maximum excess pore pressure
and ¢’y signifies beginning effective stress. The outcomes depicted in Figure 3 showcase
that the mesh system attains a commendable level of computational precision.
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Figure 1. Comparison of experimental data from Sumer et al. [10] with FEM simulated outcomes.
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Figure 2. Mesh domain for the seabed-pipeline FEM model.
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Figure 3. The ratio (1./0”’y) of maximum excess pore pressure generated by waves and currents at the
pipeline’s underside for diverse mesh frameworks.
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Fully buried pipelines are typically distributed along the coast. Therefore, this study
employed actual observed wave data characteristic of ocean stations. The specific load
parameters are as follows: wave height H = 1 m; water depth d = 10 m; wave period T=5s;
the velocity of the current u = 1 m/s. As obtaining soil samples offshore is very challenging,
the soil parameters in this study were chosen from widely cited standard sand parameters
in the literature [28]. The Toyoura sand, which is widely applied to the liquefaction related
model and element tests, simulates the sandy seabed. The parameters of the backfill soil
have the same properties as the original seabed soil, except for the permeability coefficient.
Table 1 displays the input parameters for numerical modeling, unless otherwise indicated.
The pipeline parameters were selected based on actual engineering cases. The density of
the steel pipeline is p = 7.85 x 10% kg/m? and the pipeline is assumed to be filled with
water (o = 1.0 x 103 kg/m?3). The specific gravity of pipes included in the contents (the
ratio of the gravity of pipes to the gravity of water) is 1.51, while the specific gravity of the
seabed is 1.9.

Table 1. Parameters for numerical simulation.

Parameter Value Unit

Seabed Parameters

Compression index A 0.05
Swelling index k 0.0064
Relative density D, 62%
Permeability coefficient ks 1077 m/s
Poisson’s ratio v 0.30
Critical state parameter M 1.2
Void ratio N (p” = 98 kPa on N.C.L) 0.74
Evolution parameter of anisotropy b, 1.5
Degradation parameter of overconsolidation state mpg 0.1
Degradation of structure mpg* 2.2
Initial degree of structure Ry* 0.8
Initial consolidation ratio 1/R 25
Initial anisotropy o 0.0
Backfill Parameters
Permeability coefficient kg 10° m/s
Bottom of the trench width W4 2 m
Top of the trench width W, 4 m
Trench height h 21 m
Distance between seabed pipeline and bottom of trench d 0.1 m
Wave and Current Parameters
Current velocity u +1 m/s
Wave period T 5 s
Water depth D 10 m
Water height H 1 m
Pipeline Parameters
Pipeline thickness ¢ 0.2 m
Outer diameter D 0.5 m
Young’s modulus Ep 2.09 x 1011 N/m?

3. Results and Discussion
3.1. Floatation of Pipeline and Development of EPWPR in Seabed

The node displacement at the bottom of the simulated pipeline is used as the analysis
object to analyze the floatation of pipelines, as pipelines could be treated as rigid bodies
compared with seabed soil. Figure 4 depicts the pipeline’s floating displacement over
time. It is evident that when combined wave and current loadings are applied, the pipeline
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floats and oscillates. For the convenience of subsequent analysis, the midpoint of the
displacement of each oscillation cycle is taken as the pipe displacement in one cycle.
There are two stages to pipeline floatation. During the initial stage, the pipeline floats
slowly with the cyclic loading. When the loading time reaches 350 s, the pipeline floating
displacement reaches the inflection point and enters the second stage, and the floating
displacement increases rapidly. This agrees with results of wave flume experiments by
Sumer et al. [44], and existing experiments show that pipelines will eventually float to the
seabed surface. According to Figure 5, the displacement vectors of the seabed are changed
by the pipeline. The displacement vectors of the soil above the seabed pipeline exhibit
significant undulations, which indicates substantial influence by wave-induced dynamic
loads. The soil located in front of and beneath the pipeline exerts an upward-angled
thrust on the pipeline. The overall horizontal displacement direction aligns with the water
flow direction.
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Figure 4. Time history of floating displacement of the pipeline.

Wave surface

Figure 5. Displacement vectors of the seabed.

By analyzing the mechanical equilibrium conditions of fully buried pipelines, it is
determined that the buoyant force acting on the pipeline is equal to the sum of the pipeline’s
weight and the downward restraining force exerted by the soil. Since the buoyant force
and the weight remain constant, when the soil’s restraining force on the pipeline decreases,
the pipeline will undergo buoyancy. Under cyclic dynamic loading, the seabed undergoes
liquefaction, resulting in a decrease in its density and shear strength, thereby causing a
reduction in the restraining force exerted by the seabed on the pipeline. To analyze the
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reason for the floatation inflection, it is necessary to conduct research on the liquefaction
around the pipeline. In this paper, EPWPR (excess pore water pressure ratio) is utilized to
denote liquefaction levels. In general, considering both numerical stability and generality,
EPWPR > 0.95 is applied as the liquefaction standard.

Figure 6 depicts the evolution of the liquefaction area. It is evident that the direction of
soil liquefaction around the seabed pipeline is predominantly downward. The liquefaction
rate of the soil above the seabed pipeline is greater than that of the soil below it. Further-
more, for loading times less than 300 s, the soil beneath the seabed pipeline does not exhibit
liquefaction. This conclusion is consistent with the observations shown in Figure 4. Since
the permeability coefficient of the soil used for backfill in the trench is larger than that of the
seabed, the degree of liquefaction of the trench at the same depth is smaller than that of the
seabed. The degree of liquefaction above the pipeline surpasses that observed on its sides,
primarily attributed to the impermeable and rigid characteristics of the pipeline. At the
same time, a hard-to-liquefy area is formed under the pipeline. The area is approximately
45 degrees around the midpoint of the pipeline. The EPWPR of the soil under the pipeline
is notably lower compared to that of the seabed at equivalent depths and under the same
period. With the further action of the wave and current loadings, all the soil around the
pipeline finally liquefies.

Figure 6. Evolution of soil liquefaction and pipeline flotation over time. 100 s: Surface layer of trench
soil begins to liquefy. 200 s: Liquefaction extends deeper. 300 s: Significant liquefaction around
pipeline, extends beneath. 400 s: Soil beneath pipeline liquefies, increasing buoyancy. 500 s: Further
liquefaction beneath trench, pronounced pipeline flotation.

Figure 7a summarizes the temporal progression of the EPWPR for soil elements at
various positions encircling the pipeline. Positions of these elements are shown in Figure 7b.
It can be observed that the upper EPWPR develops the fastest, followed by the central,
lower, and bottom sections. As the loading time progresses, the difference in EPWPR
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between the upper section and other areas gradually increases. This indicates that the
buoyant force exerted on the pipeline continues to increase. At 350 s, the soil in the middle
begins to liquefy, and the pressure of the soil on the upper part of the pipeline drops to
0, which causes the pipeline to rise faster. Meanwhile, an inflection point appears on the
floating displacement curve of the pipeline. This is because after the pipeline floats, there is
a redistribution of stress in the surrounding soil, leading to subsequent stabilization.

1.2 T T T T T T y T T T
1.0 + -
0.8 E
=4
& 0.6 g
B VA0 ’
& ;2T —— Upper side
0.4 7.7 - - Central -
A —-—-Lower side
02 L[/ ---- Bottom |
00 /' . 1 . 1 . 1 . 1 . 1 .
0 100 200 300 400 500 600
Time (s)
(a)
Upper side —»
Central— 1

Lower side—>C1

Bottom —» 1

(b)

Figure 7. Time histories of EPWPR of soil elements around the pipeline and the position of the
elements analyzed. (a) Time histories of EPWPR. (b) The position of the elements analyzed.

Figure 8 illustrates the effective stress path of seabed elements 10 m from the pipeline
and soil elements at different positions around the pipeline. The effective stress path of soil
is an important tool in the field of geotechnical engineering for studying the mechanical
properties and behavior of soil. By analyzing the effective stress path, engineers can better
understand and predict the performance of soil under different stress conditions, thereby
guiding the design and construction of actual engineering projects.

The effective stress path of seabed element shows that shear stress oy oscillates under
cyclic wave—current loadings, and the mean effective stress o, reduces. The effective stress
path finally attains a stable state called cyclic mobility, which is a characteristic mechanical
feature of liquefied soil. Compared with the seabed element, the effective stress path of
upper side soil element surrounding the pipe slopes to the right, which means that the
mean effective stress 0y, raises the shear stress oy, under the wave and current loadings.
This is caused by boundary constraints provided by the pipeline, which strengthen soil
around the pipeline, accelerate the dissipation of excess pore water pressure, and increase
om- The effective stress path of the soil element in the lower part of the pipeline is similar to
that of the remote seabed element, except for the shape at failure. From the perspective of
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shear stiffness, the rightward inclination of the effective stress path in the upper soil element
indicates a reduction in shear stiffness. This suggests that the pore water pressure in the
upper soil accumulates more rapidly than in the lower soil. Based on the final area and
shape of the hysteresis loops in various sections, the inclined and thinner final hysteresis
loop area in the upper soil element indicates a greater degree of softening compared to
the lower soil. The analysis of the effective stress path, when combined with this study,
corroborates the accuracy of the soil dynamic constitutive model selected.
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Figure 8. Effective stress path of seabed element 10 m from the pipeline and soil elements at different
positions around the pipeline. (a) Effective stress path of seabed element 10 m from the pipeline;
(b) Effective stress path of upper side soil element; (c) Effective stress path of central element;
(d) Effective stress path of lower side soil element; (e) Effective stress path of bottom soil element.

3.2. Influence of Current and Wave Characteristics

Existing research [5] indicates that a current is crucial to the dynamic response
when subjected to the effects of waves and currents. Thereby, three velocities of cur-
rent (1 =+1m/s, 0 m/s, —1 m/s) are picked out to explore the effect of currents on the
pipeline’s floatation. In the case where u = 0, there is no current; for u < 0, the current
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opposes the direction of the wave; and for u > 0, the current aligns with the wave’s direction.
The temporal records of the pipeline’s floating displacement at varying current velocities
are presented in Figure 9. All the floatation of the pipeline goes through two stages, the
steady rise stage and the accelerated rise stage. According to fluid mechanics theory, the
buoyant force exerted by fluid flow on the pipeline is directly proportional to the square of
the flow velocity. The higher the fluid flow velocity, the greater the propensity for pipeline
buoyancy to occur. The results show that the floating displacement for = +1 m/s is larger
than that for u = —1 m/s, because the current velocity travelled in the wave’s direction
increases the wave pressure transmitted to the seabed, accelerating the liquefaction of the
soil surrounding the pipeline. As a result, the buoyant force acting on the pipeline in-
creases, leading to flotation. The distributions of the maximum EPWPR below the pipeline
(specifically along the vertical line across the center of the pipeline) under various current
velocities are shown in Figure 10. The maximum EPWPR of the soil continues to decrease as
the depth increases. As the depth of the soil layer increases, the energy transmitted by wave
and currents continuously attenuates, consequently diminishing its effect on pore pressure.
In addition, the increase in current velocity leads to higher EPWPR, which indicates deeper
liquefaction range.
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Figure 9. Time histories of floating displacement of pipeline under various current velocities.
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Figure 10. Distributions of the MAX EPWPR along pipeline centerline under current velocities.

Generally, wave characteristics have a considerable influence on seabed dynamic
response. Wave period (T) can influence the effective stress and excess pore water pressure
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in the seabed by affecting wave length (L), and wave height (H) is able to directly affect the
wave pressures on the seabed. Parametric research is performed to examine the impact
of wave period (T) on the floatation of pipeline with wave period (T) ranging from 3 s
to 6 s with a 1 s gap. Figure 11 shows a visual representation of the pipeline’s floating
displacement over time and distributions of the maximum EPWPR below the pipeline with
different wave periods (T). The findings indicate that an increase in the wave period leads
to a rise in the pipeline’s floating displacement and, consequently, an increase in the wave
pressures exerted on the seabed. As the wave period grows, so too does its influence on
the maximum EPWPR. However, as the wave period increases, its effect on the seabed
does not proportionally increase. Instead, it undergoes a continuous weakening process.
Figure 11b also demonstrates that the maximum EPWPR of the trench soil is lower than
that of the natural seabed below the trench with a wave period of three seconds. This is
because the permeability of the trench is higher than that of the seabed, indicating that
increasing permeability coefficient of the trench can slow down the liquefaction of the soil
around the pipelines.
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Figure 11. Floating displacement and MAX EPWPR time series for pipelines under various water
period. (a) Time histories of floating displacement; (b) Distributions of the MAX EPEPR.

Figure 12 depicts the temporal history of the pipeline floating displacement and distri-
butions of the maximum EPWPR below the pipeline with different wave height (H = 2.0 m,
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1.5m, 1.0 m, 0.5 m). As the wave height increases, both the floating displacement of the
pipeline and the maximum EPWPR in the seabed increase. And there is not a significant
change in pipeline displacement and the maximum EPWPR when the wave height is 1.5 m
compared to when it is 2 m. As the wave height continues to increase, its impact on the
seabed does not proportionally increase but, rather, undergoes a diminishing effect. When
wave height H = 0.5 m, which means the wave pressure is the smallest, the highest EPWPR
in the trench soil is, likewise, lower than that of the natural seabed below the trench.
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Figure 12. Floating displacement and MAX EPWPR time series for pipelines under various water
height. (a) Time histories of floating displacement; (b) Distributions of the MAX EPWPR.

3.3. The Effect of the Backfill Soil’s Permeability
Permeability coefficient stands out as a crucial soil parameter in the seabed dynamic
reaction analysis. It is critical to the development of EPWPR, with an important effect on
seabed liquefaction. In theory, the higher the permeability coefficient of soil, the faster the
dissipation of pore water pressure within the soil, resulting in a slower accumulation of
EPWPR and making liquefaction less likely to occur. To explore the impact of permeability
coefficient on the floatation of pipelines, various permeability coefficients of the trench soil
(ks=1 x 107*m/s,1 x 10> m/s, 1 x 107°m/s, 1 x 10~7 m/s) are examined.
Figure 13a demonstrates how the permeability coefficient impacts the pipeline’s
buoyancy and the distribution of the highest EPWPR levels below the pipeline. Figure 13b
shows, when the permeability coefficient ks =1 x 107® m/sand 1 x 10~7 m/s, that the
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time histories of floatation develop similarly, with a steady increase in the early stage.
When the backfill soil in the middle position of the pipeline begins to liquefy, the floating
displacement increases rapidly. When the permeability coefficient ks =1 x 10~* m/s and
1 x 1075 m/s, due to the large permeability coefficient of the backfill soil in the trench, the
excess pore water pressure dissipates quickly, and the pipeline does not float. In particular,
when the permeability coefficient ks =1 x 10~% m/s, the trench settles down relative to
the neighboring seabed, leading in sinking of the pipeline, owing to the large difference
in permeability coefficient between the trench soil and seabed. With the cyclic action of
the wave and current loadings, the pipe floats rapidly when the natural seabed under the
trench liquefies. Figure 13b indicates that the maximum EPWPR decreases, which means
liquefaction depth decreasing, with increasing permeability coefficient of the trench soil.
The trench soil will not liquefy when the permeability coefficient ks =1 x 10~* m/s and
1 x 1075 m/s. Therefore, increasing the permeability coefficient of the backfill soil in the
trench can obviously restrain the floatation of the pipeline. If necessary, the depth of the
backfill trench can be deepened in order to further control the floatation of the pipeline.
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Figure 13. Floating displacement and MAX EPWPR time series for the pipeline, by backfill soil
permeability. (a) Time histories of floating displacement; (b) Distributions of the MAX EPWPR.
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3.4. Discussion

This paper makes a significant contribution to understanding the behavior of fully
buried pipelines under combined wave and current loadings using a poro-elastoplastic
approach. It addresses a critical aspect of marine pipeline engineering with a robust theoret-
ical framework and practical insights. It provides valuable references for the construction
of practical marine engineering projects.

Typically, the finite deformation is considered in the simulation of sand liquefaction.
In this study, small strain elements were used to simulate the liquefaction and deformation
of the sandy seabed, resulting in accurate simulation results. A comparative analysis with
traditional finite deformation will be conducted subsequently. The used model cannot
consider the noncoaxial behavior of the sand. Taking the influence of the noncoaxial
property into account in the model is ongoing, and the wave in the real case can be high-
order and nonlinear. The liquefaction mechanism of high-order and nonlinear waves is our
future work.

4. Conclusions

This study presents a two-dimensional coupled approach with a poro-elastoplastic
theory to study the floatation of pipelines with the combined loading of waves and cur-
rents. The cyclic constitutive model incorporates the structural, overconsolidation, and
anisotropic characteristics of soil, facilitating an accurate portrayal of the static and dynamic
behaviors of both sandy and clayey soils, rendering it more comprehensive compared to
the elastoplastic model. Based on the data, the following conclusions can be drawn, which
provide references for practical engineering design, construction, and risk protection.

(1) Pipeline floatation is broken into two phases. In the initial phase, the pipeline
floats slowly under the cyclic loading. In the subsequent phase, when the backfill soil in
the middle position of the pipeline begins to liquefy, the floating displacement increases
obviously. The pipeline acts as a boundary restriction, strengthening the backfill soil
surrounding it and hastening the dissipation of excess pore water pressure. Meanwhile, a
hard-to-liquefy area is formed under the seabed pipeline. In the construction of submarine
seabed pipeline engineering, particular attention should be paid to the risk of liquefaction
of the overlying soil above the seabed pipeline. Measures such as reinforcing the upper
soil layer or increasing the permeability coefficient could be adopted to reduce the risk
of liquefaction.

(2) The pipeline’s floating displacement rises as the current velocity (1), wave period
(T), and wave height (H) increase. As current velocity (i), wave period (T), and wave
height (H) increase, so too does the liquefaction depth at the pipeline’s bottom. In real
engineering applications, wave blocking or dissipation methods could be implemented to
limit the risk of the seabed pipeline floatation.

(3) The floating displacement of the pipeline and the depth of the liquefaction at the
bottom diminish as the permeability of the backfill trench increases. Increasing the perme-
ability of the trench’s backfill soil can significantly restrain the floatation of the pipeline.

This study explains the mechanism of fully buried pipeline flotation in practical
engineering and analyzes the effects of wave height, wave period, current velocity, and
the permeability coefficient of the overlying soil. Based on the conclusions of this study,
measures to control the flotation of fully buried pipelines in engineering include increasing
the pipeline’s weight with concrete coatings or weight blocks, embedding the pipeline
in the seabed, securing it with suction or pile anchors, using chains or cables to fix it to
anchor points, adjusting buoyancy with control modules or heavy materials, preventing gas
accumulation, constructing breakwaters, installing wave energy absorbers, and replacing
the surrounding soil with more permeable materials to enhance stability.
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Abstract: Fish Aggregating Devices (FADs) are essential supplementary structures used in tropical
tuna purse-seine fishing. They are strategically placed to attract tuna species and enhance fishing
productivity. The hydrodynamic performance of FADs has a direct effect on their structural and
environmental safety in the harsh marine environment. Conventional FADs are composed of materials
that do not break down naturally, leading to the accumulation of waste in the ocean and potential
negative effects on marine ecosystems. Therefore, this work aimed to examine the hydrodynamic
performance of biodegradable drifting FADs (Bio-DFADs) in oceanic currents by numerical modelling.
The Reynolds-averaged Navier—-Stokes equation was used to solve the flow field and discretized
based on the realizable k-¢ turbulence model, employing the finite volume method. A set of Bio-
DFADs was developed to assess the hydrodynamic performance under varying current velocities
and attack angles, as well as different balsa wood diameters and sinker weights. The results indicated
that the relative current velocity significantly affected the relative velocity of Bio-DFADs. The relative
length of the raft significantly affected both the relative velocity and the relative wetted area in a pure
stream. Finally, the diameter of the balsa wood affected the drift velocity, and the sinker’s relative
weight affected the hydrodynamic performance of the Bio-DFADs.

Keywords: biodegradable drifting Fish Aggregating Devices (Bio-DFADs); hydrodynamic performance;
fluid—structure interaction; current

1. Introduction

Approximately 66% of the worldwide tuna harvest is obtained by tuna purse-seine
vessels, with 36% originating from sets of drifting Fish Aggregating Devices (DFADs)
in tropical tuna fisheries [1]. Tropical tuna purse-seine vessels operate in the equatorial
waters of the pelagic oceans. They use a large number of DFADs to gather tuna species
and improve their fishing efficiency. It is estimated that over 100,000 DFADs are deployed
annually by these vessels. Numerous studies have examined this practice [2-9]. However,
the majority of traditional DFADs consist of synthetic and non-biodegradable netting ma-
terials, which contribute to marine litter, the entanglement of sensitive species, and other
negative impacts on the ecosystem. These consequences have been documented in various
studies [10-17]. Most DFADs endure a lengthy amount duration underwater in the ocean
and are subjected to a range of oceanographic conditions, such as currents, waves, and
biofouling. The proliferation of DFADs in the open ocean is an issue, considering their
adverse effects on the marine environment. Research on the hydrodynamic performance of
DFADs helps elucidate the structural features that are well-suited for maritime environ-
ments. Additionally, different materials possess distinct fracture strengths that significantly
influence the safety of structures. The hydrodynamic performance of the Bio-DFADs in
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oceanic currents is also crucial for identifying the overall drifting characteristics, func-
tioning as free-drifting marine infrastructure. Consequently, it is essential to focus on the
hydrodynamic performance and material concerns in practical conditions to successfully
apply DFADs.

Extensive studies have been conducted to examine the numerical methodology for ana-
lyzing stiff and flexible bodies [18-25]. In recent decades, several investigators have studied
the hydrodynamic performance of DFADs. Investigating the hydrodynamic performance
of DFADs is necessary to improve the safety and efficiency of fish aggregation [26,27]. To
enhance the environmental safety of DFADs in marine environments, a variety of DFADs
have been constructed using biodegradable materials. These materials were employed to
investigate the impact of various structural characteristics on wave conditions through
experimental tests and numerical simulations [18,26]. In addition to waves, the current is
an essential factor in the design of marine infrastructure. Lee et al. (2018) [28] deployed
the particle image velocimetry method to analyze the velocity and turbulence intensity
of high-risk net-type and low-risk rope-type DFADs in multiple current conditions. The
results showed a notable difference in the drift velocity of the low-risk rope-type DFADs.

However, prior research has concentrated on the motion responses of DFADs in
marine waves. The hydrodynamic characteristics of the Bio-DFADs in the presence of a
current have not been fully investigated. Notably, Bio-DFADs comprise a combination of a
small-scale raft and a flexible structure. The flexible structure of the Bio-DFADs, especially
when submerged, is often exposed to fluid currents. Moreover, biofouling has an impact
on the hydrodynamic properties of biodegradable rafts and ropes, which impairs their
structural integrity. Determining the drift velocity of Bio-DFADs in various currents aids
in clarifying the optimal deployment strategy. Hence, it is necessary to investigate the
hydrodynamic properties of Bio-DFADs in flowing currents.

This study presents a numerical modelling scheme that evaluates the interaction
between current and Bio-DFADs in three dimensions. The Bio-DFADs contained biodegrad-
able materials, such as bamboo and cotton rope, making them environmentally acceptable
for the marine ecosystem. Herein, STAR-CCM+ software 14.02 was used to compute
the hydrodynamic performance of the Bio-DFADs under various current conditions. We
adopted the finite volume method to discretize the Reynold-averaged Naviers-Stokes
equations (RANS). The Euler overlay method was used to reduce the level of reflection at
the boundaries. Finally, the motion responses of the Bio-DFADs in current were derived by
employing the dynamic fluid-body interaction (DFBI) model.

2. Materials and Methods
2.1. Description of the Bio-DFADs

This study aimed to perform numerical simulations of Bio-DFADs in the presence
of steady currents. Figure 1 depicts a schematic representation of the Bio-DFADs, and
Table 1 lists the major properties of the Bio-DFADs. The Bio-DFAD model comprises
three components: raft, rope, and sinker. The raft is composed of two perpendicular
layers of equidistant balsa wood sticks. The balsa wood raft eventually degrades, which is
beneficial when the Bio-DFADs are lost or abandoned. This type of raft has been employed
for constructing the Bio-DFADs in the actual ocean [16]. A total of five buoys, which are
agreed to be used in the design of DFADs, are attached to the top part of the raft. The
buoys, made of Ethylene Vinyl Acetate Copolymer (EVA) material, provide buoyancy to
the overall structure. Each float is shaped like an ellipsoidal sphere, with a length of 24 cm
and both width and height of 12 cm. The rope is fastened to the bottom section of the raft
at one end, and on the other end, it is linked to a steel sinker weighing 2.00, 4.00, 6.00, 8.00,
10.00, 12.00, and 14.00 kg.
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Raft (Balsa wood)

Current direction

Cotton rope

Sinker
Figure 1. A schematic of the Bio-DFAD model.

Table 1. The main characteristics of the Bio-DFAD model.

Main Characteristics Parameter Value

Length of the raft Lr 0.50, 1.00, 1.50 m

Width of the raft B 1.00 m

Height of the raft Hr 0.06,0.08,0.10,0.12,0.14, 0.16 m
Diameter of the balsa wood stick Dr 0.03, 0.04, 0.05, 0.06, 0.07, 0.08 m
Length of the rope dr 0.60 m

Weight of the sinker Wsinker 2.00, 4.00, 6.00, 8.00, 10.00, 12.00, 14.00 kg

2.2. Test Conditions

The Bio-DFADs were subjected to heave, pitch, and surge motions in pure currents
during the numerical simulations. We investigated a total of ten current speed cases based
on monitoring data from the tuna purse-seine fleets. The current velocity, U, was specified
as 0.10, 0.20, 0.30, 0.40, 0.50, 0.60, 0.70, 0.80, 0.90, and 1.00 m/s. Various attack angles,
denoted as &, were also examined, as depicted in Figure 2. The test conditions are presented
in Table 2. The computational fluid dynamics (CFD) simulations of Bio-DFADs in currents
were initially conducted in tranquil water circumstances, followed by the consideration of
10 different current regimes. The 10 current speeds were derived based on the concept of a
flat wave in volume of fluid (VOF) wave models.

F 3 y
e (I Flow direction

JILL

Figure 2. The attack angle between the Bio-DFADs and flow direction.
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Table 2. Test conditions of the Bio-DFAD simulations.

Cases Current Velocity U (m/s) Attack Angle o (°)
Calm water 0.10, 0.20, 0.30, 0.40, 0.50, 0.60, 0.70, 0.80, 0.90, 1.00 0,90

2.3. Numerical Setup
2.3.1. Governing Equations and Turbulence Model

Reynolds-averaged Navier-Stokes (RANS) simulations using the realizable k-¢ tur-
bulence model with two-layer all y+ wall treatment are adopted in the present study [29].
The realizable k-¢ model is considered to be more effective than other turbulence models in
accurately estimating the distribution of the dissipation rate [30]. The RANS method is a
feasible and widely acknowledged solution for turbulence modelling and can provide a
rational prediction for turbulent flows from ocean structures. The mass and momentum
conservation equations are solved using CFD software (STAR-CCM+) and the overset mesh
method. For incompressible flows, the averaged continuity and momentum equations can
be expressed as follows:

dp | d(pu;)
ot T ox; 0 )
o(pu;) a(P”i”j) 0P ' 0 Ju; auj 7.7
ot + ax] = aixl + 08i + Tx] H Tx] + BTC, Millj (2)

where ¢ represents the time, p represents the fluid density, P represents the mean pressure,
S represents the closed surface, U; represents the average velocity (i, j = 1, 2, 3 represent
the x, y, and z directions in the Cartesian coordinate system), g; represents the gravitational
acceleration, p represent the dynamic viscosity of the fluid, u;, and u; denote the mean
velocities in directions i and j, respectively, u; and u;- denote the turbulence velocities in

directions i and j, respectively, and —Tu; denote the Reynolds stress.

Typically, the RANS equations are solved using the finite volume method. The gov-
erning equations are discretized using second-order schemes in space and second-order
implicit schemes in time. The VOF approach is used to accurately distinguish between the
two phases (i.e., air and water phases) of the free surface (Hirt and Nichols, 1981) [31]. The
convective term in the VOF transport equations is discretized using the high-resolution
interface capturing approach proposed by Hirt and Nichols in 1981 [31]. The turbulence
modelling is based on a realizable k-¢ model with a two-layer all y+ wall treatment. The
equations for the transmission of turbulent kinetic energy, k, and the specific dissipation
rate of turbulence, ¢, are the following:

k equation
d(pk)  d(pku;) o pe '\ 9k _
ot T om ~ o o ax; + Gk — pe ®)
€ equation
d(pe) | dpew;) _ 9. B oe €6 Cop
ot T on am |\ oy | OOk T Gy @

where Gy, represents the turbulent kinetic energy generated by the mean velocity gradient,
ok and o denote constants representing the turbulent Prandtl numbers, and C;, Cy¢, and
C,¢ denote constants. The model constants for the realizable k-¢ turbulence model denote
Cu=0.09, Cie =144, Cp. =192, 04, =1.0,and 0. = 1.3 [32,33].
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2.3.2. Computational Domain and Boundary Conditions

Figure 3 depicts the computational domain and boundary conditions of the scaled
Bio-DFAD model, which was constructed using the Cartesian coordinate system. The
coordinate system is center at a position that is 4 Lr from the inlet boundary and 10 L
from the outlet boundary. For the width of the computational domain, to reduce the
computational cost, the symmetry boundary is set at the place of half width, 3 B from the
side boundary. The water depth, denoted by h, is 0.80 m. The coordinate system of the initial
position of the Bio-DFAD aligns with the computational domain. Two overlapping sections
were used in the computational domain. The overset method is employed to capture the
motion responses of the Bio-DFADs. The velocity inlet condition was imposed on the inlet,
top, and bottom limits of the domain, with the stated velocity of the flat VOF wave. A
pressure outlet condition was imposed on the outlet boundary of the domain, specifying
the pressure as the hydrostatic pressure of the flat VOF wave. In addition, the front and rear
limits were established as symmetry conditions. To decrease the computational workload,
just half of the Bio-DFADs model was used, with the surfaces designated as non-slip
wall conditions.

(a)

h0.8m
3B

4Lr 10 Lr

Outlet

(Pressure outlet)
Inlet

S -\t
(Velocity inlet) , qe\ﬂd‘w S Side Symmetry

(Symmetry)  (Symmetry)

Overset region

Figure 3. Computational domain and boundary conditions with the scaled Bio-DFADs model: (a)
the global 3D computational domain; (b) boundary conditions.

This research primarily focuses on numerical simulations of the Bio-DFAD’s hydro-
dynamic performance. Owing to its low cost and short duration, CFD simulations are
extensively employed in researching the hydrodynamic performance of oceanic structures.
The CFD numerical software STAR-CCM+ is used to examine the hydrodynamic properties
of the Bio-DFADs and investigate their drift velocity under varying current velocities.
The VOF method and six degrees of freedom (6-DOF) solver were used to analyze the
hydrodynamic performance of the Bio-DFADs, specifically, the surge, pitch, and heave
motions of the Bio-DFADs. The 6-DOF solver modified the position and orientation of the
DFAD body. The DFBI model was used to simulate the movements of the Bio-DFADs in
reaction to pressure and shear forces inside the flow domain, as well as the force exerted by
the catenary. In the DFBI model, the RANS solver was used to compute the dynamic forces
and moments exerted on the Bio-DFADs and adjust the position of the rigid body. The
rope in the Bio-DFADs system was represented by a catenary in the body couplings of the
STAR-CCM+ package, as illustrated in Figure 3b. The catenary coupling model was used
to simulate the elastic, quasi-stationary rope that hangs between two endpoints, namely the
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raft and sinker, and is affected by its own weight in the gravitational field. The parametric
equations that describe the shape of the catenary in the Cartesian coordinate system of the
computational domain are expressed as follows (STAR-CCM+, 2019) [34]:

x =au+bsin(u) +a (5)

y = acosh(u) + gsinhz(u) +5 (6)
for uy <u<up @)

"= 1eg ®)

b= DCLagq ©)

c= AoLegs (10)

sinh(uy) — sinh(u7)

where g is the value of gravitational acceleration, D represents the stiffness of the catenary,
and Ag and L, represent the mass per unit length and relaxation length of the catenary,
respectively. The integration constants & and 8 depend on the position of the two endpoints
and the total mass of the catenary. The positions of the two endpoints in the parameter
space of the catenary are denoted by u; and u;. The curve parameter, denoted as 1, is
directly linked to the inclination angle @ of the catenary curve:

tan ® = sinh(u) (11)

To enhance the efficiency of the simulations and reduce computational time, the CFD
simulation employs the VOF wave-damping approach, as proposed by Choi and Yoon in
2009 [35]. In addition, the VOF wave-damping function was implemented at the outlet
border to attenuate the vertical disturbances that propagate towards it and reduce the
wave reflections at the boundaries. The wave-damping zone at the outlet side of the
computational domain has a length of 2 Lr. An additional factor representing resistance
is incorporated into the momentum equation for the w-velocity, as described by Gu et al.
(2018) [36].

Sd - ek—l
z=p(f +f2|w|)mw (12)
_ ng
k= (" Xsd ) (13)
Xed — Xsd

where w represents the vertical velocity component, and f1, f», and n; are parameters of
the damping model. Furthermore, x,; and x,; indicate the start and end locations of the
wave-damping zone, respectively.

2.3.3. Motion Equation of the Bio-DFADs

The Bio-DFADs in this study exhibit unrestricted movement in the current, including
heave, pitch, and surge motions. The equations of motion for the Bio-DFADs can be
represented as the following:

Translation equation

m g (a4

Rotation equation

M%—i—wxMw:n (15)
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where m represents the mass of the body, f represents the resultant force acting on the body;,
and v represents the velocity of the centre of mass. The tensor M represents the moment of
inertia, w represents the angular velocity of the rigid body, and n represents the resultant
moment acting on the body, which encompasses the pressure moment, shear moment, and
external moment induced by the catenary.
The tensor of the moments of inertia, moment and resultant force acting on the body
can be written as:
Mix Mxy My,
M= | My My, M,y (16)
M- Myz Mz,

n=f (”p +nr + Znext) (17)

f=fr(Fp+Fe+F+)Y Fou) (18)

The tensor M is symmetric, it can be defined by two vectors: one specifying the
principal components, (Myx, My, M;;) along the diagonal, and another specifying the
off-diagonal components, (Myy, Myz, Myz). Fext and 1.y represent the extra forces and
moments, Fy is the gravity force, F,, and 1, are the fluid pressure force and moment acting
on the body, F; and 7. are the fluid shear force and moment acting on the body, and f; is
the time-ramping function. In this study, there are no extra force and moments forcing the
model to move.

2.3.4. Mesh Resolution

The trimmed cell mesher, prism layer mesher, and surface remesher were used to
discretize the computational domain. These meshing techniques are well-suited for the
intricate geometric characteristics of the Bio-DFAD system. Given that the primary focus of
the numerical simulation was the surfaces of the Bio-DFAD model and the surrounding
regions, special treatment was applied to the meshes on these surfaces. Ultimately, the
appropriate mesh size was determined using a mesh optimization test to ensure the stability
and convergence of the simulation. The objective indices chosen for the test were the drift
velocity (V), time step, and maximum mesh size. Velocity monitoring at various distances
(D =1.00, 2.00, and 3.00 m) from the inflow border (with a current velocity of U = 0.10 m/s)
was undertaken individually. The calculation achieved stability when the time step and
maximum size in the computational domain were set to 0.005 s and 0.64 m, respectively, as
demonstrated in Figure 4.
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Figure 4. Mesh optimization test with various distances from the inflow border. (a) D = 1.00 m,
(b) D=2.00m, (c) D =3.00 m.

Figure 5 shows the current velocity values between numeric and theory calculations.
One of the current velocities, 0.50 m/s was selected as the test condition. The monitor point
was set at the 1.00 m away from the inlet boundary. Based on the numeric model, the error
rate is 0.72%. The results demonstrate that the numerical model established in this study
has a high degree of accuracy.
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Figure 5. The comparison of current velocity between numeric and theory (0.50 m/s).

Figure 6 depicts the mesh generated in the computational domain. To enhance the
precision of the Bio-DFAD responses in currents, two overset mesh zones are used for the
raft and sinker. Figure 6 reveals that the meshes in close proximity to the water’s surface are
more detailed, and the overset meshes near the Bio-DFAD are precisely suited to the body.
This allows for accurate simulation of the Bio-DFAD motion responses. To analyze the fluid
dynamics surrounding the Bio-DFADs, the thickness of the prism layer is defined as 0.01 m,
consisting of five layers. Additionally, a prism layer stretching factor of 1.2 is applied to
the wall limits of the Bio-DFADs. The y+ values vary from 30 to 100. The trimmer mesh is
employed to incorporate the Bio-DFAD characteristics and discretize the remaining portion
of the computational domain. The mesh size scale, represented by the Ax/Az ratio, varies
between 4 and 1. Specifically, it is equal to 1 in the two overset mesh sections and 4 in the
water-free surface. The time-step interval is defined as 0.005 s. To mitigate the numerical
dispersion error [32], the Courant number of the VOF model is adjusted to be less than 0.3.
Moreover, mesh refinements are employed to accurately capture the surface waves and
decrease the number of cells in the computational domain.

Overset mesh —»

(b)

Prism mesh —»

Figure 6. Mesh generation in the computational domain. (a) Overset mesh, (b) Prism mesh.
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3. Results and Discussions
3.1. Effect of the Relative Current Velocity on the Bio-DFADs

Figures 7-9 show the volume of fraction, free surface elevation, and velocity contours
of the Bio-DFADs at U = 0.10 m/s, including the top view, side view, and drift velocity
contours at different times when the Bio-DFAD motion became relatively stable under a
fixed current velocity.

Solution Time 12 (s) Volume Fraction of Water

1.000
U200y

Y.ouuy

VS O00)

0.2000

Er'u

0.000
Figure 7. Front view of the volume fraction of water contours of the Bio-DFADs (U = 0.10 m/s).
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Figure 8. Top view of the free surface elevation contours of the Bio-DFADs (U = 0.10 m/s).
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Figure 9. Velocity contours of the Bio-DFADs (U = 0.10 m/s).
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To test whether current velocity shows generally distinct activity in response to differ-
ent hydrodynamic performances, the effects of different current velocities (U) on the drift
velocity (V) and the effects of relative current velocities (U/B) on relative velocity (V/U) of
the Bio-DFADs were investigated (Figure 10), for Dr = 40 mm, Wg;; 4, = 2.00 kg, and « = 0°.
Bio-DFADs with three raft lengths (0.50, 1.00, and 1.50 m) were employed in this study. The
drift velocity is calculated through the distance drift per unit time (Ad/At) in the current
direction. The wetted area is calculated by the area covered by the water to the total area of
the raft (Swetted/ STota), and to indicate the invisibility of the FADs, which is often broken
and stolen by other fleets of fishers. As depicted in Figure 10a, the Bio-DFADs exhibited
a substantial rise in drift velocity, V, when the current velocity, U, increased. The drift
velocity of the model with a balsa wood length of 0.50 m was lower than that of the other
two models when the current velocity value was lower. Nevertheless, the disparity in drift
velocity among the three models diminished as the current velocity increased. Furthermore,
when the current velocity exceeded 0.90 m/s, the drift velocity of the model with a balsa
wood length of 0.50 m became slightly greater than the drift velocities of the other two
models. Figure 10b depicts the correlation between the relative current velocity, U/B, and
the relative velocity, V/U. Initially, the relative velocity of the model with a length of 0.50 m
was considerably lower than that of the other two models. The relative velocity had a direct
correlation with the balsa wood length, gradually increasing until reaching saturation.
The disparity between the 0.50 and 1.00 m models was greater than that between the 1.50
and 1.00 m models. Nevertheless, the disparity diminished as the relative current velocity
increased. When the relative current velocity exceeded 0.9, the model with a length of
0.50 m exhibited a somewhat greater relative velocity compared with the other two models.
The findings indicated that the relative current velocity had a substantial impact on the
relative velocity, and the disparity in relative velocity across the three models tended to
be low. The length of the balsa wood also had a significant impact on the relative velocity,
although this influence diminished as the relative current velocity increased.
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Figure 10. The (a) effects of different current velocities (U) on the drift velocity (V) and (b) effects of
relative current velocities (U/B) on the relative velocity (V/U) of the Bio-DFADs.

The proportion of the wetted area (Syytteqd/ Stotar) for the three models remained stable
as the relative current velocity increased. The disparity between the 0.50 and 1.00 m models
was greater than that between the 1.00 and 1.50 m models. The wetted area decreased with
the increasing length, and the effect diminished as the length increased. A higher wetted
area relative to the surroundings suggests a higher level of invisibility. The rope tension
slightly increased as the current velocity increased. Additionally, the tension increased
as the balsa wood length increased. The findings demonstrated that the relative current
velocity had little impact on the relative wetted area and rope tension, but the length
affected both the relative wetted area and the relative rope tension.
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3.2. Effect of the Relative Length and Attack Angle on the Bio-DFADs

As previously mentioned, the length of Bio-DFADs had a significant effect on relative
wetted area and rope tension. The relationships for relative velocity (V /U), relative wetted
area (Swetted/ Stotar), and relative rope tension (F/Wgjk,,) with different relative lengths
(0.50/1.00, 1.00/1.00, 1.50/1.00, 1.00/0.50, 1.00/1.00, and 1.00/1.50) and attack angles (0°,
90°) are shown in Figure 11. As seen in Figure 11, changes in the relative length and
attack angle resulted in changes to the hydrodynamic performance of Bio-DFADs, for
Dr =40 mm, Wy, = 2.00 kg, and U = 0.50 m/s.
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Figure 11. The change in (a) relative velocity (V/B), (b) wetted area (Swetted/ Stotar), and (c) rope
tension (F/Wg;er) of the Bio-DFADs for different relative lengths and attack angles.

Figure 11a shows the effects of the relative length and attack angle on the relative
velocity. The relative velocity was minimized for « = 0°, compared with o = 90°. When
a = (°, the relative velocity increased and then decreased as the relative length increased.
When o = 90°, the relative velocity increased as the relative length increased. The values
at points three and four indeed do not show significant differences. These two points
represent the results at different attack angles for a model with an aspect ratio of 1:1. Since
most of the raft is submerged in the water, the pressure and drag forces experienced by
the model do not differ significantly, leading to negligible differences in relative velocity.
As shown in Figure 11b, for « = 90°, the relative wetted area was significantly larger
than that when o = 0°. Additionally, for o = 0°, the relative wetted area decreased and
then increased as the relative length increased, and the opposite trend was observed for
a =90°. As depicted in Figure 11c, as the relative length increased, the relative tension
did not change. The relative tension was slightly less for o« = 90° than for o« = 0°. The
results indicate that relative length had a significant effect on the relative velocity and
relative wetted area under pure current but had almost no influence on the relative tension.
Moreover, the attack angle had almost no influence on the hydrodynamic performance of
the model. The relative velocity was directly correlated with the relative wetted area.

3.3. Effect of the Relative Diameter of the Balsa Wood on the Bio-DFADs

To examine whether the diameter of the balsa wood affected the hydrodynamic
performance of the Bio-DFADs, six diameters of the balsa wood (0.03, 0.04, 0.05, 0.06, 0.07,
and 0.08 m) were selected and applied, for « = 0°, L = 0.50 m, and U = 0.50 m/s, as
depicted in Figure 12.

Figure 12a illustrates the relationship between the relative velocity, V/U, and the
relative diameter, Dr/B, of the Bio-DFADs. The enlargement of the diameter initially led
to a significant decrease in relative velocity, with a diminishing inclination to drop as
the diameter increased. According to Figure 12b, the ratio of the wetted area to the total
area, Swetted / Stotal, decreased considerably and subsequently reached a stable state as the
diameter increased. Figure 12c illustrates the correlation between the relative diameter and
the relative tension, F/Wgjk.r. As the diameter of the object increased, the tension slightly
decreased. As the relative diameter increase, the buoyancy of the Bio-DFADs became
greater than the gravity, then the more surface of the model out the water, and lead to the
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decrease of the relative wetted area. Due to the decrease of the relative wetted area, the
fluid force acting on the model decreases, and then leads to a decline of the relative velocity.
The findings indicated that the size of the balsa wood had a notable impact on the velocity
and the surface area in contact with water while having minimal effect on the rope tension.
The correlation between the relative velocity and the wetted surface area agrees with the
results presented in the previous section.
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Figure 12. The change in (a) relative velocity (V/B), (b) wetted area (Swetteq/ Stotar), and (c) rope
tension (F/Wg;,ker) of the Bio-DFADs for different balsa wood diameters.

3.4. Effect of the Relative Weight of the Sinker on the Bio-DFADs

To investigate whether the relative weight of the sinker affected the hydrodynamic
performance of the Bio-DFADs, seven sinker weights (2.00, 4.00, 6.00, 8.00, 10.00, 12.00, and
14.00 kg) were selected and applied, for « = 0°, Lr = 0.50 m, and U = 0.50 m/s, as depicted
in Figure 13.
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Figure 13. The change in (a) relative velocity (V/U), (b) wetted area (Syetteq/ Stotar), and (c) rope
tension (F/Wgs;yer) of the Bio-DFADs for different sinker weights.

Figure 13a demonstrates the relationship between the relative velocity, V /U, and
the relative weight of the sinker, W,k / B. The relative velocity initially decreased and
then increased as the relative weight increased. The relative velocity reached a minimum
when Wk /B was 6. According to Figure 13b, the wetted area also decreased and then
increased as the relative weight increased, and the wetted area reached a minimum when
Wesinker/ B was 4. According to Figure 13c, the relative tension followed a similar trend,
initially decreasing and then increasing as the relative weight increased, and the relative
tension reached its lowest point when W,/ B was 6. Therefore, the weight of the sinker
had a notable impact on the hydrodynamic performance of the Bio-DFADs. As the relative
weight increase, a minimum value occurs in the relative velocity, relative wetted area, and
relative tension, but at different relative weight value. The phenomenon can be explained
by the fact that as the weight of the sinker increases, due to the gravity being greater than
the fluid force acting on the sinker, the angle between the sinker and rope decreases, then
leads to more surface of the raft out the water. Hence, the wetted area declines and the
fluid force acting on the Bio-DFADs decreases and leads to the decrease of relative velocity.
However, as the weight continues to rise, the fluid force becomes great than the gravity
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of sinker, then the angle between the sinker and rope increases, and leads to the relative
velocity, relative wetted area, and relative tension increasing. The Bio-DFADs can remain
in the fishing area for a predetermined duration while maintaining a reduced speed, but
notably, the relative velocity only experiences a drop within a specific range of Wg;kr/B.

4. Conclusions

This study investigates the hydrodynamic performance of Bio-DFADs in a pure current
using CFD simulations. The effects of the relative current velocity, attack angle, relative
diameter of the balsa wood, and relative weight of the sinker on the relative velocity,
wetted surface, and rope tension were examined. The key conclusions can be summarized
as follows:

(1) Therelative current velocity had a substantial impact on the relative velocity. However,
the differences in relative velocity among the three models was modest. Additionally,
the relative current velocity had a negligible influence on the relative wetted area and
the rope tension.

(2) Therelative length exerted a substantial impact on the relative velocity and the relative
wetted area in pure current while having a minimal influence on the relative tension.
The hydrodynamic performance of the model was minimally affected by the attack
angle. There was a direct correlation between the relative velocity and the relative
wetted area.

(38) The diameter of the balsa wood had a notable impact on the velocity and wetted area
but had a minimal effect on the rope tension.

(4) The sinker’s relative weight had a notable impact on the hydrodynamic performance
of the Bio-DFADs. The Bio-DFADs can remain in the fishing area for a predetermined
duration while moving at a reduced speed. However, the relative velocity was only
diminished within a specific range of relative weight of sinker.

This study investigates the hydrodynamic characteristics of the Bio-DFADs, aiming to
explore structural forms that combine low drift velocities with biodegradability. The goal is to
maximize the retention of fish aggregating devices within the fishing grounds during opera-
tions of tuna purse-seine fleets. Additionally, even in cases of damage or sinking, the study
aims to minimize marine environmental pollution by employing biodegradable materials.

The present investigation focused on the hydrodynamic performance in undiluted
current conditions. Further investigation is required to examine the impact of waves on
the hydrodynamic characteristics of various Bio-DFAD geometries. The wave mainly
influences the motion responses of the raft and the rope tension. Hence, the wave may have
an important influence on the relative velocity, relative rope tension, and relative wetted
area. Furthermore, it is necessary to investigate the impact of wave-current interactions on
the Bio-DFADs in future research.
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