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1. Introduction and Scope

Continuous casting is a process whereby molten metal is solidified into a semi-finished billet,
bloom, or slab for subsequent rolling in finishing mills; it is the most frequently used process to cast not
only steel, but also aluminum and copper alloys. Since its widespread introduction for steel in the 1950s,
it has evolved to achieve improved yield, quality, productivity, and cost efficiency. It allows lower-cost
production of metal sections with better quality, due to the inherently lower costs of continuous,
standardized production of a product, as well as providing increased control over the process through
automation. Nevertheless, challenges remain and new ones appear, as methods are sought to minimize
casting defects and to cast alloys that could originally only be cast via other means. This Special Issue
covers a wide scope in the research field of continuous casting.

2. Contributions

Fourteen research articles have been published in this Special Issue of Metals. Twelve of these [1–12]
relate to the continuous casting of steel, a general schematic for which is shown in Figure 1. As is
evident from this figure, the overall process consists of a ladle and a tundish through which molten steel
passes, a cooling mould region where solidification starts and at which electromagnetic stirring (EMS)
may be applied, secondary cooling regions where water is sprayed on the solidified steel, a so-called
strand electromagnetic stirrer, a further region at which final EMS is applied, and withdrawal rollers,
by which point the steel has completely solidified. In addition, Figure 2 shows which stage of the
continuous casting process each of the articles has focused on.

Figure 1. Schematic for the continuous casting of steel.

Metals 2019, 9, 643; doi:10.3390/met9060643 www.mdpi.com/journal/metals1
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Figure 2. Schematic relating the articles in this special issue to the continuous casting of steel.

Commencing from the start of the process and working downwards [2,5,7], it is important to
consider flow in the tundish. Huang et al. [2] use particle image velocimetry (PIV) and numerical
simulation to investigate the flow characteristics for a two-strand tundish in continuous slab casting.
On the other hand, Ni et al. [5] present a numerical study on the influence of a swirling flow tundish
on multiphase flow and heat transfer in the mould, whereas Qin et al. [7] conduct a simulation study
on the flow behavior of liquid steel in a tundish with annular argon blowing in the upper nozzle.
Su et al. [9] use machine-learning techniques for mold-level prediction by means of variational mode
decomposition and support vector regression (VMD–SVR), whereas Cho and Thomas [1] review
the literature on electromagnetic forces in continuous casting of steel slabs. Yin et al. [10] consider
modelling on inclusion motion and entrapment during full solidification in a curved billet caster, while
Long et al. [4] develop a combined hybrid 3-D/2-D model for flow and solidification prediction during
slab continuous casting. Qin et al. [6] perform an analysis of the influence of segmented rollers on
slab bulge deformation, while Lei and Su [3] use machine learning in the research and application of a
rolling gap prediction model. Zhang et al. [11] devise a laboratory experimental setup and consider
heat transfer characteristics during secondary cooling, whereas Ren et al. [8] carry out numerical
simulations of the electromagnetic field in round bloom continuous casting with final electromagnetic
stirring. Zhou et al. [12] consider control of upstream austenite grain coarsening during the thin-slab
cast direct-rolling (TSCDR) process, after complete solidification has occurred.

Aside from all of the above, Yang et al. [13] simulate crack initiation and propagation in the crystals
of a continuously-cast beam blank, whereas Vynnycky [14] gives a review of applied mathematical
modelling of continuous casting; this considers a hybrid of analytical and numerical modelling with
an emphasis on the use of asymptotic techniques, and gives examples of problems not only in the
continuous casting of steel, but also that of copper and aluminum alloys.

3. Conclusions and Outlook

A variety of topics have composed this Special Issue, presenting recent developments in continuous
casting. Nevertheless, there are still many challenges to overcome in this research field and applications
still need to be more widespread. As a Guest Editor, I hope that all of the scientific results in this Special
Issue contribute to the advancement and future developments of research on continuous casting.

Finally, I would like to thank all reviewers for their invaluable efforts to improve the academic
quality of published research in this Special Issue. I would also like to give special thanks to all staff at
the Metals Editorial Office, especially to Toliver Guo, Assistant Editor, who managed and facilitated
the publication process.
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Abstract: This paper reviews the current state of the art in the application of electromagnetic forces to
control fluid flow to improve quality in continuous casting of steel slabs. Many product defects are
controlled by flow-related phenomena in the mold region, such as slag entrapment due to excessive
surface velocity and level fluctuations, meniscus hook defects due to insufficient transport of flow
and superheat to the meniscus region, and particle entrapment into the solidification front, which
depends on transverse flow across the dendritic interface. Fluid flow also affects heat transfer,
solidification, and solute transport, which greatly affect grain structure and internal quality of final
steel products. Various electromagnetic systems can affect flow, including static magnetic fields and
traveling fields which actively accelerate, slow down, or stir the flow in the mold or strand regions.
Optimal electromagnetic effects to control flow depends greatly on the caster geometry and other
operating conditions. Previous works on how to operate electromagnetic systems to reduce defects
are discussed based on results from plant experiments, validated computational models, and lab scale
model experiments.

Keywords: magnetohydrodynamics; fluid flow; bubbles; inclusions; entrapment; entrainment; heat
transfer; solidification; slab mold; continuous casting

1. Introduction

Continuous casting is the dominant process to manufacture steel, producing over 96% of steel
in the world [1]. Thus, even small improvements to this process can have great impact. During
solidification of molten steel, many complex phenomena arise, including multiphase fluid flow, particle
transport and capture, heat transfer, solidification, and solute redistribution, which are strongly
interrelated and can affect various surface and internal defects if process parameters are not controlled
within optimal ranges for a given caster. In the mold region, where initial solidification occurs, fluid
flow greatly affects steel surface quality, according to surface turbulence, flow instability, transport and
capture of argon bubbles and inclusions, superheat transport, and meniscus solidification. In addition,
steel internal quality depends greatly on heat transfer, solidification, and solute and dissolved gas
transport, which affect segregation, porosity, and microstructure formation in the strand region of the
process. These phenomena must be controlled within acceptable process windows to avoid defects
and achieve ideal grain structure, and solute distribution.

Many efforts have been made to control fluid flow in the mold, which is responsible for many
surface and internal defects in steel slab casting [2–4]. To control the mold flow pattern and reduce
surface instability in the mold, the effects of nozzle geometry including port shape [5–7], size [5],
angle [5,8–10], bottom design [5,11], and the flow control system [12] (stopper rod vs. slide gate) have
been investigated. Other studies have investigated casting conditions including casting speed [13],

Metals 2019, 9, 471; doi:10.3390/met9040471 www.mdpi.com/journal/metals4
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argon gas injection [14–16], and nozzle submergence depth [17]. The effects of soft reduction on center
segregation [18] and porosity [18,19] in the strand has been investigated to improve internal quality.
Together with these process parameters, the application of electromagnetic (EM) forces is an attractive
method to control phenomena related to fluid flow because the induced forces intrinsically adjust to
molten steel flow variations, and field strength has the potential to be adjusted during operation. Thus,
understanding and optimizing the effects of electromagnetic forces on the various continuous casting
phenomena offer an important way to maintain quality and increase production for a given caster.

Tools to quantify the effects of electromagnetic forces on continuous casting phenomena include
plant measurements, lab scale modeling with low melting temperature alloys, and computational
modeling. In particular, computational models validated with plant data are a powerful methodology
to understand the phenomena and to suggest practical strategies to optimize the operation of
electromagnetic systems [20–23].

Various types of the electromagnetic systems have been developed and implemented into
commercial slab casters to apply static and/or traveling magnetic fields to control fluid flow, particle
transport and capture, heat transfer, and solidification during the continuous casting of steel slabs.
Static magnetic fields have been widely applied as Electromagnetic Braking (EMBr) systems, including
local, single-ruler, and double-ruler systems. These EMBr systems were invented to maintain a
double-roll flow pattern [16] and to stabilize the fluid flow, especially at high casting speed. Local
EMBr fields tend to slow down jet flow as it passes through a circular-shaped field region through
the mold thickness [24], as shown in Figure 1a. Single-ruler EMBr (Figure 1b) produces a horizontal
rectangular-shaped field across the entire mold width [25]. Placing the ruler above the nozzle tends to
slow down surface flow and lessens surface turbulence [26]. Alternatively, positioning the ruler below
the nozzle tends to deflect the jet upwards to accelerate surface flow [27–29] and also lessens mixing of
the upper and lower zones, which is important during the casting of clad steel slabs [30]. Double-ruler
EMBr (Figure 1c), also called Flow Control Mold (FC-Mold) [24], generates two horizontal static fields
across the mold width, one above and one below the nozzle ports. Adjusting the relative strengths of
the upper and lower fields enables more control of the flow field. To enable further adjustment of the
static field, Multi-Mode Electromagnetic Brake (MM-EMB) has recently been developed, which aims to
brake, dampen, and stabilize the flow in thin-slab casting molds [31]. Specifically, MM-EMB employs
different combinations of five local static magnets: three aligned horizontally below the nozzle (one
central and two near narrow faces) and two aligned above the nozzle (near narrow faces) [31].

Moving magnetic fields have been developed to control mold flow more actively than the EMBr
systems. This is achieved using alternating current (AC) through a set of magnetics with increasing
phase-shift, to achieve apparent motion of the magnetic field near each of the two wide faces of
the mold. Four sets of magnets are installed two on each wide face, as shown in Figure 1d, and
can generate three different moving fields: Electromagnetic Level Stabilizer (EMLS) which moves
the fields toward the nozzle for slowing the jet; Electromagnetic Level Accelerator (EMLA), which
moves the fields toward the narrow faces for accelerating the jet; and Electromagnetic Rotating Stirrer
(EMRS) [32,33], also called Electromagnetic Stirring (EMS) in the Mold (M-EMS) [34,35], which move
the fields in opposite directions across each wide face, for horizontally-rotating the flow around the
perimeter of the mold. Alternatively, another moving field system, called Electromagnetic Casting
(EMC), creates vertical rotating fields near the meniscus in the mold, to reduce oscillation mark depth
and hook formation [36–38]. These fields can be set according to standard operating conditions, or
adjusted continuously according to current conditions. Adjustments to the mode, moving (phase-shift)
velocities, and field strengths can be accomplished manually by operators or automatically adjusted in
real time, based on available plant conditions, potentially monitored with real-time sensors [32,39].
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Figure 1. Types of electromagnetic systems showing hardware and field shape: (a) local Electromagnetic
Braking (EMBr), (b) single-ruler EMBr, (c) double-ruler EMBr, (d) Electromagnetic Level Stabilizer
(EMLS), Electromagnetic Level Accelerator (EMLA), and Electromagnetic Rotating Stirrer (EMRS)
moving field systems, (e) Strand EMS (SEMS), and (f) combined fields system.

Below the mold, Strand EMS (SEMS) (Figure 1e), generates a horizontally traveling magnetic field
towards one narrow face, by employing one or several box-type (behind the rolls) or in roll-type stirrers
including magnets, on one or both of the strand wide faces. This slab-casting SEMS differs from S-EMS
in bloom and billet casting, which can have either horizontal rotating magnetic fields around the strand
perimeter as with M-EMS [33,40] or longitudinal moving fields that produce recirculating flow in the
vertical plane through the strand thickness [41]. The slab-casting SEMS produces vertical recirculating
flow regions across the strand width, both above and below the SEMS field region [33,40–47], which
aims to control heat transfer and solidification/nucleation phenomena, to increase equiaxed grains and
to reduce segregation and porosity [33,42,43].

Finally, a combined system, called FC 3rd generation system (FC3) [48], has recently been
developed which combines traveling and static field systems together. An upper traveling field system
similar to EMSR is applied above the nozzle ports designed to wash away particles from the meniscus
region and make superheat more uniform [48]. A lower static field EMBr single-ruler system is applied
below the nozzle ports, designed to lessen particle penetration deep into the mold cavity as shown in
Figure 1f. Alternatively, EMC has been combined with single-ruler EMBr, to reduce both oscillation
marks at the surface, and particle capture into the steel shell low in the strand [49]. With so much
ability to customize the electromagnetic fields, there is a great need to understand how these systems
affect fluid flow and steel quality. This has stimulated significant research over the past three decades,
which is reviewed in this paper.

This paper first reviews the various research tools available to quantify the effects of electromagnetic
forces on continuous steel slab casting, which include plant measurements, lab scale model experiments,
and computational modeling. It then reviews current understanding of how each available
electromagnetic field system affects important phenomena during slab casting, including fluid flow,
surface instability, superheat transport, initial solidification, particle transport and capture, grain
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structure and internal quality, and steel composition distribution during the casting of steel slabs. Based
on these findings, some practical strategies are offered on how to operate electromagnetic systems to
reduce defect formation and to improve the quality of the steel product.

2. Tools to Quantify Electromagnetic Effects

To understand and optimize the use of electromagnetic forces to control fluid flow and the
associated complex phenomena that affect steel quality in continuous casting, previous researchers
have employed several different tools: plant measurements, lab scale modeling, and computational
modeling. The plant measurement method is an essential tool to quantify fundamental phenomena
in the real commercial process, to validate computational modeling predictions, and to test potential
improvements in practice. However, plant measurements have many limitations, owing to the harsh
environment of continuous casting and the difficulty of controlling conditions to conduct controlled
experiments. Lab scale physical modeling using water is difficult because electromagnetic field
effects cannot be accurately mimicked. Physical modeling with low melting alloys can provide
important insights into the fundamental phenomena, owing to better flow visualization methods,
and better control of the process parameters related to defect formation. However, this method
has its own limitations, and it can be difficult to extrapolate the results of lab experiments to the
real process. Thus, the best way to investigate how electromagnetic forces should be applied in
continuous casting is to develop fundamental computational models of the phenomena, to validate
them via both plant measurements and lab scale model experiments, to conduct parametric modeling
studies to predict optimal operations based on fundamental understanding, and finally, to test the
suggested improvements in the real caster, based on long-term plant measurements to gain reliable
statistical evidence.

2.1. Plant Measurements of Fluid Flow Velocity

Fluid flow velocity must be accurately measured to quantify the average mold flow pattern, and
velocity fluctuations, especially at the meniscus region where defects can be generated. Methods to
measure the flow of molten steel focus on velocity near the top surface in the mold, and include strain
gauge, paddle-rod, and nail dipping tests. Indirect measurements of subsurface velocities include
electromagnetic Mold Flow Control (MFC) sensors and dendrite angle measurements.

2.1.1. Strain Gauge Rod Tests

Dipping a refractory rod equipped with a strain gauge through the slag steel interface into the
molten steel can be used to measure velocity near the top surface in the mold in two ways. Firstly, the
average velocity near the top surface depends on the measured torque, which can be related to the
drag force applied by the steel moving past the rod, averaged over time and length of the rod [39,50].
The Submeniscus Velocity Control (SVC) device is an example commercial implementation of this
method [51]. Secondly, a more sophisticated method is to measure the shedding frequency of the
Kármán vortices forming behind the rod, based on the frequency of the time-varying deflections, [52–54]
as shown in Figure 2a. The vortex shedding frequency increases linearly with the fluid velocity around
the rod. This method has been used to measure surface velocity from 0.05 to 0.7 m/s, which covers the
range of interest in slab casting [53]. In both methods, the refractory rod should not be affected by the
magnetic field or the high temperature, so should be made from an insulating, thermal shock-resistant
material such as a ZrO2 coated Mo rod [39].

2.1.2. Paddle Rod Tests

Another method to measure flow velocity and direction near the mold top surface by dipping a
refractory rod, into the top surface of the molten steel pool is the paddle rod test [55–57]. As shown in
Figure 2b, one end of the rod is connected to a pivot and the other end is dipped into the molten steel
pool. As the molten steel flow just near the surface impinges on and pushes the rod, it rotates around
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the pivot. The angle produced depends on a balance between the drag force exerted by the steel flow
and the weight of the rod, which can be related to submeniscus velocity of the molten steel.

2.1.3. Nail Dipping Tests

Nail dipping tests are commonly used to quantify mold surface velocity and level due to its
convenience and efficiency. This method was introduced to measure surface level profile and liquid
slag layer thickness [58,59], and then extended to estimate surface velocity [60–64]. One or more
stainless steel nails are immersed into the molten steel pool for a short time (~2–3 s) and removed.
To quantify surface velocity, the shape of the solidified steel lump on the nail is measured shown in
Figure 2c. The surface velocity is estimated according to [62]

Usur f ace = 0.624
(
ϕlump

)−0.696(
hlump

)0.567
(1)

where ϕlump is the diameter of the lump solidified on the stainless steel nail and hlump is the height
difference built up by the flow. In addition, dipping several different nails at different times enables
to quantifying transient variations of the surface velocity. The nail dipping test method shows good
ability to detect surface velocity variations due to changes in casting speed, and a reasonable match
with SVC measurements in a real caster [62], as shown in Figure 3.

2.1.4. Electromagnetic Mold Flow Control (MFC) Sensor Measurements

The electromagnetic MFC sensor, developed by AMEPA GmbH [65], consists of a permanent
magnet and pair of highly sensitive current detectors mounted behind a copper mold plate as shown in
Figure 2d for the wide face. The time delay for steel flow variations to travel between the two detectors
is evaluated from the measured variations in the induced current, which is generated in proportion
to the local velocity of the conducting molten steel traveling through the magnetic field [66]. The
time-dependent spatially-averaged velocity near the solidification front in that region of the mold is
then output knowing the distance between the two detectors. The method only works in regions where
the steel generally flows across the solidification front from one sensor to the other, so the sensors
should be positioned at reliable locations, such as near the meniscus between the Submerged Entry
Nozzle (SEN) and Narrow Face (NF) in the Wide Face (WF) mold, or perhaps vertically in the NF
mold [65,67].

2.1.5. Columnar Dendrite Angle Measurements

The tangential velocity of the molten steel across the solidification front can be estimated from the
angle of the columnar dendrite growth direction [68–70]. As solute is washed away from the upstream
side of the dendrites, they grow towards (into) the direction of the molten steel flow [69,70]. The angle
of the columnar dendrites relative to the growth direction perpendicular to the strand surface increases
in direct proportion to the liquid velocity, up to ~0.3 m/s [70], with further increases showing only minor
effects. This indirect method enables velocity to be measured deep into the mold cavity and strand
regions, where other measurement methods are not available due to the harsh environment. This
method is costly as it requires microscopy on solidified slab samples [69] and may also need calibration.

2.1.6. Other Methods

Several other methods have great potential to measure velocity magnitude and/or direction of the
liquid metal. One method, which has been demonstrated in laboratory tests with nonferrous alloys, is
to immerse a steel sphere into the molten steel, and then measure the melting time with embedded
wire(s) [71,72]. The melting rate increases with velocity, so the decrease in time to melt the sphere
correlates with the flow velocity. In addition, other methods include photographic methods, reaction
probes, tracer methods, electromagnetic probes, hot wire and hot film methods, dissolution methods,
and fiber optic sensor measurements, which are all reviewed elsewhere [73].
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Figure 2. Plant flow–velocity measurements: (a) strain gauge test [52], (b) paddle rod test [55], (c) nail
dipping method [64], and (d) electromagnetic mold flow control (MFC) test [66].

 
Figure 3. Comparison of surface velocity history between submeniscus velocity control (SVC) and nail
dipping measurements [62].

2.2. Plant Measurements of Surface Level Profile and Fluctuations

Measurements of the surface level profile and its fluctuations are needed to understand transient
phenomena related to surface defect formation. Especially, surface level fluctuations near the meniscus
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are known to cause slag entrapment during initial solidification [74]. Thus, it is important to accurately
measure and control the surface level during continuous casting. Eddy current sensors are widely
used to measure surface level for real-time control in the plant. Other methods to measure the surface
level profile include nail board, sheet dipping, and oscillation mark measurements.

2.2.1. Eddy Current Sensor Measurements

In most casters, one eddy current sensor is located above the mold top surface to detect the
transient surface level, which is sent to a flow controller (stopper rod or slide gate), to control the steel
flow rate. This method is also the most common way to quantify level fluctuations. However, for
best control of flow rate, it is best to measure the average liquid level, which is achieved by filtering
the signal to remove high-frequency level variations produced by natural turbulence which cannot
be controlled, and by placing the sensor above the most stable region (such as the quarter region
in the mold with a double-roll flow pattern) [60]. Thus, this measurement underestimates the level
fluctuations, especially near the narrow faces and SEN, which tend to be more severe. Moreover, level
fluctuations in these regions are more important to quality problems such as deep meniscus hooks,
owing to the lower molten steel temperature [56]. Thus, to measure the surface level profile, it is better
to keep one senor at the most stable location (1/4 mold width) for the flow controller and to add other
sensors near the narrow faces to monitor the surface level variations [75].

2.2.2. Nail Board Tests

In addition to surface velocity described in Section 2.1.3, nail dipping can also be used to measure
the surface profile and its variations by using sets of “nail boards”, which are made by attaching several
nails to a wood or metal board [60,64]. After dipping and removing each board, an instantaneous
surface profile is made by comparing the relative heights of the steel lumps solidified on the nails [60,64].
By dipping several nail boards, transient variations of the surface profile are quantified and the surface
fluctuations are calculated [60,64]. Nail dipping can also be used to measure liquid mold–flux layer
thickness by adding an aluminum wire beside each stainless steel nail [59,64]. Due to the aluminum
melting temperature lower than the mold flux melting temperature, the height difference between the
steel lump and the aluminum wire end, hslag correlated with the liquid mold-flux layer thickness as
shown in Figure 2c. The slag layer thickness can also be revealed by the location of the colored bands
of scale that form on each nail [76].

2.2.3. Sheet Dipping Tests

Dipping a thin sheet of steel into the top surface is an alternative method to nail boards to
determine the profile of the liquid mold flux/molten steel interface. Time averages and standard
deviations of the transient interface profiles, revealed by serial dipping of the sheets, are useful to
validate transient computational model predictions [77].

2.2.4. Oscillation Mark Measurements

Partial overflow and freezing of the molten steel over the meniscus produces an oscillation mark
during each mold oscillation cycle. The oscillation mark appears as a small transverse depression
in the surface of the solidified steel slab. Thus, each mark represents the instantaneous profile of
the interface between the liquid mold flux and molten steel around the mold perimeter at the time
it formed. Tracing and graphing a series of oscillation marks accurately reveals the transient liquid
mold flux/molten steel interface profiles, such as shown in Figure 4a. These measured profiles can be
used to validate computational models of time-dependent (Figure 4b) meniscus level profiles and their
fluctuations [61].
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Figure 4. (a) Measurements and (b) model validation of oscillation mark profiles on steel slab
surface [61].

2.3. Plant Measurements of Particle Capture

Particles, including argon bubbles, alumina, and slag inclusions, can be entrapped by the
solidifying steel shell during continuous casting, and are greatly affected by the flow pattern, and
EM effects. This results in surface and/or internal defects on the final steel products. Thus, it is
important to quantify particle capture defects in as-cast steel slabs. Many different measurement
methods are available, including ultrasonic testing, step milling, and other methods which are reviewed
elsewhere [78].

2.3.1. Ultrasonic Testing (UT) Measurements

The locations of particles entrapped by the steel shell, can be measured in a steel slab in width,
length, and depth directions, by using an ultrasonic detection system [79,80]. Recently, the dead zone,
which is produced by reflected waves on the outer surface of the steel slab, has been reduced by
using a V-shaped receiving probe and transmitting probe system with acoustic shielding between the
probes [79]. This enables the detection of captured particles from 2 to 10 mm beneath the slab outer
surface [79].

2.3.2. Step Milling Measurements

Step milling followed by microscopy, with automated surface scanning for particles, such as the
ASPEX system [81], is a useful method to quantify both the location and size of particles captured into
the solidifying steel shell [82]. Samples are cut from wide and narrow faces of an as-cast steel slab. The
outer surface of each sample is milled away layer by layer, using an optical microscope to find and
examine each particle observed on each exposed surface and recording the size and location of each
particle. This procedure has been used to measure inclusions in slab samples in previous work [82,83],
such as shown in Figure 5. Compared to the UT method, the step milling method is more difficult and
expensive; but, step milling can quantify further details of the captured particles such as their shape
and composition, in addition to their size and location.

2.3.3. Other Methods to Measure Particle Capture

Many other methods to measure size distribution, morphology, and composition of non-metallic
oxide inclusions in the molten steel have been developed as reviewed elsewhere [78]. Direct methods
include section method, volume method, extraction, and liquid evaluation methods. Section methods

11



Metals 2019, 9, 471

include Metallographic Microscope Observation (MMO), Image Analysis (IA), Sulfur Print, Scanning
Electron Microscopy (SEM), Optical Emission Spectrometry with Pulse Discrimination Analysis
(OES-PDA), Laser Microprobe Mass Spectrometry (LAMMS), X-ray Photoelectron Spectroscopy
(XPS), and Auger Electron Spectroscopy (AES). Volume methods include Conventional Ultrasonic
Scanning (CUS), Mannesmann Inclusion Detection by Analysis Surfboards (MIDAS), Scanning Acoustic
Microscope (SAM), X-ray Detection, Slime (Electrolysis), Electron Beam (EB) melting, Cold Crucible
(CC) melting, and Fractional Thermal Decomposition (FTD). Extraction methods include Coulter
Counter Analysis, Photo Scattering Method, and Laser Diffraction Particle Size Analyzer (LDPSA).
Inclusion evaluation methods in the liquid include Ultrasonic Techniques for Liquid System, Liquid
Metal Cleanliness Analyzer (LIMCA), and Confocal Scanning Laser Microscope. In addition to these
direct methods, indirect ways to estimate inclusion content include measurements of total oxygen,
nitrogen pickup, dissolved aluminum loss, alumina pickup in the slag, and Submerged Entry Nozzle
(SEN) clogging, which are easier and less costly [78].

Figure 5. Step milling measurement of particles captured by the solidifying steel shell [82].

2.4. Lab Scale Modeling

Water modeling is a useful tool to simulate fluid flow phenomena of continuous steel casting due
to kinematic viscosity of water similar with that of molten steel. However, the negligible electrical
conductivity of water (See Table 1) prevents the study of magnetic forces that change the flow. Instead,
physical devices to mimic the flow effects of electromagnetic forces have been applied to simulate
stirring via two pairs of tuyeres that produce jets, and braking via a layer of beads suspended between
screens that resist flow [84,85].

Table 1. Comparison of fluid properties.

Fluid
Melting

Temperature
(◦C)

Density
(kg/m3)

Dynamic
Viscosity
(kg/m·s)

Electrical
Conductivity

(/Ω·m)

Thermal
Conductivity

(W/m·K)

Steel 1480–1510 7000 0.0067 714,000 35.0
Water 0 998.2 0.001 0.05 0.60

Mercury −38.8 13,534 0.001555 1,020,000 8.3
Sn60Bi40 138–170 8250 0.0016 1,050,000 35

Ga68In20Sn12 10.5 6360 0.0021 3,290,000 39

A more accurate method is to use low melting temperature alloys such as mercury, Sn60Bi40, or
eutectic Ga68In20Sn12 alloy, in physical models, which have the benefits of being conductive to simulate
induced flow from electromagnetic fields, having high surface tension and nonwettability of molten
steel to simulate multiphase flow, and being liquid at or near room temperature for easy measurements
(Table 1) [86]. Lab scale modeling with these liquid metals can use Ultrasound Doppler Velocimetry
(UDV) and Mutual Inductance Tomography (MIT) probes to map internal velocity fields, as applied to
single-ruler EMBr fields in a slab casting mold [86–88], such as shown in Figure 6 [87].
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Figure 6. Low melting alloy (Ga68In20Sn12) in 0.4-scale model of slab casting [87].

To maintain similarity between the low melting temperature alloy modeling and real caster
conditions with electromagnetic forces, magnetohydrodynamics (MHD) dimensionless numbers, such
as Hartmann number (Ha) and/or Stuart number (N), should be considered in addition to the standard
fluid dynamics dimensionless numbers Froude number (Fr), Reynolds number (Re), and Weber number
(We) for scaled physical models.

One way to obtain reasonable predictions of the real caster (R) from measurements in the lab
scale model (M) when electromagnetic effects are present is to match both Fr and N. If the lab scale
model stays fully turbulent, and multiphase flow is not dominant, then Re and We similarity is not
critical [89]. First, Fr, which represents the ratio of inertial to gravitational forces, should be maintained
the same in the scaled model and real caster, as follows

VM√
gLM

=
VR√
gLR

(2)

where V is a characteristic flow velocity, g is gravitational acceleration, and L is a characteristic length
scale; “characteristic” refers to any pair of corresponding values in the model and real caster. This match
can be achieved by choosing the casting speed in the model, VCasting, M, by rearranging Equation (2):

VCasting, M = VCasting, R

√
LM

LR
(3)

Velocity anywhere in the real caster is then estimated by multiplying the measured velocity at the

corresponding position in the scaled model by
√

LM
LR

, according to Equation (2).
In addition, N, the ratio of electromagnetic to inertial forces, should be maintained constant,

as follows (
σM

ρM

)
(BM)2LM

VM
=

(
σR

ρR

)
(BR)

2LR

VR
(4)

where σ is electric conductivity and ρ is density, as given in the property term. One way to achieve
this match is to choose the magnetic field intensity in the model, BM, as follows, which is found by
rearranging Equation (4):

BM = BR

(
ρM

ρR

σR

σM

)0.5( LR

LM

)0.5(VM

VR

)0.5
(5)
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To match both Fr and N in the scaled model and the real caster, BM can be chosen as follows

BM = BR

(
ρM

ρR

σR

σM

)0.5( LR

LM

)0.25

(6)

which is found by replacing VM/VR in Equation (5) with
√

LM/LR, according to Fr in Equation (2).
This approach was used successfully with a mercury model to investigate fluid flow velocities in a slab
mold with static magnetic fields (local EMBr and single-ruler EMBr) during continuous casting [90].

Alternatively, it is possible to obtain reasonable predictions of the real caster from lab scale
measurements on molten metal with electromagnetics, without matching Fr [27]. In this method, the
casting speed in the model, VCasting, M is chosen to match N, by rearranging Equation (4) as follows

VCasting, M = VCasting, R

(
ρR

ρM

σM

σR

)(LM

LR

)(BM

BR

)2
(7)

With this method, velocity anywhere in the real caster is then predicted by multiplying the

measured velocity at the corresponding position in the scaled model by
( ρR
ρM

σM
σR

)(LM
LR

)(BM
BR

)2
, according

to Equation (4). In addition, surface level in the real caster, lR, is estimated from the measured surface
level in the model, lM, by applying the Froude number based scaling method, as follows [27]

lR = lM

(
LR

LM

)0.5( VR

VM

)
(8)

Using this method, the flow pattern, velocities, and surface level predicted in a real caster matched
well with both measurements and Large Eddy Simulation (LES) modeling of a scaled Ga68In20Sn12

model [27]. In particular, the surface level in the real caster estimated with the Fr based scaling method
(Equation (8)) showed much better agreement than a simple method of multiplying the measured
surface level by the scale factor, LR/LM [27].

2.5. Computational Modeling: Magnetohydrodynamics (MHD) Models

Many studies of fluid flow-related phenomena in continuous steel slab casting have been conducted
using three-dimensional Computational Fluid Dynamics (CFD) models, as reviewed previously [22,23].
These models solve the continuity equation for mass conservation and the Navier–Stokes equations
for momentum conservation of incompressible Newtonian fluids, such as molten steel. To simulate
other important phenomena, these flow equations are solved together with further coupled equations
including turbulence equations, such as Reynolds-averaged Navier-Stokes (RANS)-based standard
k-ε [91], Shear-Stress Transport (SST) k-ω [92], or LES-based subgrid-scale viscosity models such as the
Wall-Adapting Local Eddy (WALE) model [93]; multiphase fluid flow equations [22] using the mixture,
Eulerian, or Volume Of Fluid (VOF) methods; Lagrangian particle transport model such as the Discrete
Phase Model (DPM); and advanced particle-capture criterion equations [82,94]. These equations are
solved using classical finite-volume or finite difference methods, often with a commercial CFD package
program, such as the ANSYS Fluent code [95], or an in-house code, such as the multi-GPU-based
CUFLOW [96].

To consider effects of electromagnetic forces on fluid flow-related phenomena and
Magnetohydrodynamics (MHD) models [97,98] are incorporated into the CFD models by adding a
Lorentz force term to the momentum equation. Conducting fluid moving in applied magnetic fields
induces current and the induced current and the magnetic fields generate Lorentz forces on the fluid
flow. There are two methods including magnetic induction method and electrical potential method to
calculate the Lorentz force term, as follows.
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The total magnetic field, B consists of applied magnetic field, B0, and induced magnetic field, b.

B = B0 + b (9)

Next, to find B and the induced current density J, the magnetic induction method first finds B by
solving the magnetic induction equation, derived by combining Ohm’s law, Faraday’s equation, and
Ampère’s law:

∂B
∂t

= ∇× (u× B) +
1
μσ
∇2B (10)

where t is time, u is fluid flow velocity, μ is magnetic permeability, and σ is electrical conductivity of
the fluid. Knowing B, the induced current density Ampère’s equation is then solved for J:

J =
1
μ
∇× B (11)

The other method to find J and B, the electric potential method, first assumes that B can be
approximated by B0. This assumption is good for systems with high magnetic diffusion compared to
magnetic induction, such as continuous casting, where the induced magnetic field b is small relative to
the applied field, B0. With this electromagnetic condition, a Poisson equation for electric potential, ϕ
can be derived from Ohm’s law and conservation of charge, ∇·J = 0, as given by Equation (12).

∇2ϕ = ∇·(u× B0) (12)

Then, from the calculated ϕ, the induced current density is found from Equation (13).

J = σ(−∇ϕ+ u× B0) (13)

Finally, in both methods, the Lorentz force, FL is calculated from the calculated current density
and magnetic field as follows

FL = J × B (14)

Note that the magnetic field is always perpendicular to the flow direction due to the right-hand
rule. The force direction is perpendicular to both the induced current density and the magnetic field,
according to the cross product in Equation (14). Together, this means that the force direction is 180o, or
directly opposite to the flow direction, so is intrinsically a braking force. The actual effect on the flow
is much more complicated, however. For a static magnetic field, mass conservation often makes the
flow deflect around a region of local magnetic field braking, and as a result can produce faster flow in
another region. For a time-varying field, the apparent movement of the field created by a consistent
phase shift in a series of magnetics can create an apparent motor force that can almost match the flow
direction in some cases.

Regardless of the computational method, model validation is essential. A classic test problem
for MHD CFD involves turbulent flow (Re ~40,000) in a channel with a constant static magnetic field
applied uniformly over a 304-mm-long rectangular region near its center. Lorentz forces in the channel
domain are shown in Figure 7. Vectors of Lorentz force predicted with both the electric potential
method [99] and the magnetic induction method [61] match.

In addition, model predictions of velocity profile across the channel cross section should match
with the experimental measurements, such as shown in Figure 8 [61]. An M-shaped profile is observed
with higher velocities near the channel walls and lower velocities towards the center region of the
channel. This is because the Lorentz forces slow down the flow in the center region, while flow
accelerates near the walls to conserve mass. Validation with a test problem such as this one demonstrates
that a given MHD CFD model can enable accurate investigation of the effect of electromagnetics on
flow in continuous steel casting.
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Figure 7. (a) Test channel domain of the magnetohydrodynamics (MHD) models and Lorentz force
vectors calculated (b) with potential method [99] and (c) with magnetic induction method [61].

 

Figure 8. MHD model validation: comparison of velocity profiles in the test channel domain [61].

3. Electromagnetic Effects on Fluid Flow Pattern

The quality of continuously-cast steel slabs depends greatly on fluid flow phenomena including
the flow pattern, which governs jet impingement, turbulence, surface velocity, and level variations in
the mold region of the process. Excessive surface velocities, and the accompanying turbulence, large
surface profile variations, and surface level fluctuations, can cause the entrainment of slag into the
molten steel pool, which may lead to the entrapment of inclusions by the solidifying steel shell, and
defects in the final product [74]. On the other hand, abnormally slow surface flow can result in low and
nonuniform liquid temperature near the meniscus and problems associated with low superheat, which
include insufficient slag melting and infiltration, meniscus freezing, and hook formation, leading to
surface defects in the product [100,101]. Thus, process parameters must be controlled within optimum
windows [16,32] of process operation, as shown in Figure 9 for data measured at NKK Corporation [16],
to avoid these quality problems [2,16].

The flow pattern significantly affects many important phenomena in the slab mold and upper strand
regions. Flow in the mold can be classified as having single-, double-, or unstable flow patterns [2,16].
Unstable flow often involves chaotic transient transitions between single- and double-roll, and should
be avoided because it is the worst for steel quality, owing to severe surface instability during the flow
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transitions [2,16]. Electromagnetic control of the flow pattern aims to maintain a stable double-roll
flow pattern that keeps surface velocity within an optimum range for best steel quality [16,32].

Figure 9. Slab/coil defects are minimum in an optimum window of steel meniscus velocities between
weak and excessive double-roll flow conditions. NKK Corporation data; 700 to 1650 mm wide,
235-mm-thick slabs cast at 1.6 to 2.8 m/min [16].

3.1. Local EMBr

Local EMBr creates roughly circular-shaped static magnetic fields near the nozzle ports. The
fields are designed to make the jet pass below the strongest core region of the magnetic field and
deflected downward [24]. This results in deeper jet impingement on the narrow face, slower surface
flow, and a flatter surface profile [61,102,103], as seen by comparing Figure 10a,b. These surface-flow
braking effects become stronger with higher EMBr strength [102]. Note that excessive EMBr strength
may produce too low surface velocity which could cause the meniscus freezing and hook formation
associated with low surface temperature due to the stagnant surface flow.

 
Figure 10. Mold flow pattern (a) without and (b) with local EMBr [61].
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On the other hand, local EMBr causes the jet to deflect upward if the jet passes above the strongest
region of the magnetic field [104]. This produces shallower jet impingement on the narrow face, higher
surface velocity and larger variations in surface profile across the mold width [104]. Abnormally strong
local EMBr fields may change the mold flow pattern from a double-roll to a single-roll pattern, making
the jet directly go towards the surface without impinging first on the narrow faces [103]. This is usually
detrimental to surface quality, and may also cause slag entrainment and other defects.

Thus, properly locating local EMBr field relative to the nozzle ports and optimizing the field
strength is important to achieve surface flow conditions in a safe window of operation [105]. In addition
to the EMBr magnetic field position, this also requires consideration of the SEN depth [61], nozzle
port angle [90], and slab width [106] that strongly affect the jet behavior in the mold. As shown by
comparing the two frames in Figure 10b, the EMBr effects on braking surface flow are weakened if the
jet passes below the magnetic field region due to deeper SEN location, which leads to less deepening
of the jet impingement point and less reduction in surface velocity. This trend is contrary to that
without EMBr where surface velocity deceases with increasing SEN depth, as shown in Figure 10a. It
is important to carefully monitor and control the SEN depth and field strength according to the casting
conditions and the EMBr field location.

3.2. Single-Ruler EMBr

Single-ruler EMBr systems are designed to slow down the mold surface flow by applying
a horizontal rectangular-shaped static field across the entire width of the slab mold region near
the meniscus [25]. With increasing casting speed, surface flow tends to be stronger, so stronger
electromagnetic braking is needed, such as in thin-slab casting at high casting speed [107,108]. This is
useful to avoid excessive surface velocities and vortex formation [26], which can cause slag entrainment
into the molten steel pool in the mold. Compared to local EMBr, single-ruler EMBr is more effective to
brake the surface velocity in the mold because the magnetic field shape of single-ruler EMBr extends
across the entire width, including the center and the narrow face regions [90]. However, excessive
application of single-ruler EMBr near the meniscus can be detrimental by slowing surface velocities
too much for the casting conditions. This can result in excessive cooling of the meniscus region and
insufficient mixing of the surface slag layers, leading to meniscus freezing, where the accompanying
subsurface hooks can capture particles including argon bubbles, alumina inclusions, and mold slag
droplets into the solidifying steel shell, leading to surface defects.

On the other hand, placing the single ruler below the nozzle can increase surface velocity [27–29].
In this case, the field deflects the downward-flowing jet to become more horizontal, impinging higher
on the narrow face, and causing more and faster flow up the narrow faces towards the meniscus. This
can help by increasing surface velocity into the optimal range in some situations such as thick slab
casting at low casting speed. Care should be taken to avoid locating the maximum of the magnetic
field directly across the nozzle ports, as this produces flow instability resulting in severe jet wobbling
and surface fluctuations, as discussed further in Section 4.1 [27–29]. The strong horizontal field also
tends to lessen mixing between the upper and lower recirculation zones of the double-roll flow pattern.
This is useful during casting of clad steels, where the field is positioned between two nozzles which
deliver two different steel grades, as discussed later [30].

Vertical single-ruler EMBr, recently proposed, is designed to decrease surface velocity and surface
profile variations by imposing two strong static ruler-shaped magnetic fields oriented vertically near
the narrow faces [109–111]. The flow velocity up the narrow face is predicted to become slower
and more uniform with vertical EMBr [110]. This is proposed to be useful for high-speed thin-slab
mold casting, to avoid excessive surface flow problems. If the flow has a double-roll pattern with a
downward jet, then the vertical ruler field is predicted to reduce surface velocity more than a horizontal
single-ruler EMBr field [109,110], as shown in Figure 11.
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Figure 11. Mold flow pattern (a) with no magnetic field, (b) horizontal single-ruler EMBr 0.1 T, (c) 0.2 T,
(d) vertical single-ruler EMBr 0.1 T, and (e) 0.2 T [109].

3.3. Double-Ruler EMBr

Double-ruler EMBr combines two horizontal rectangular-shaped static ruler magnetic fields across
the mold width: one (upper ruler) above and the other (lower ruler) below the nozzle ports [24].
The upper ruler tends to decrease surface velocities and surface level variations across the mold
width [17,29,112–114]. This ruler acts in several ways: stabilizing flow inside the nozzle, deflecting the
jets exiting the ports downward, especially when the ruler is located just above the nozzle ports, which
slows the flow up the narrow faces and finally by slowing the flow along the meniscus [29,112–114].
The lower ruler generally tends to lessen the jet penetration depth [17,79,114–119], which affects particle
transport deep into the mold cavity, as discussed in Section 6.2.

Compared to local and single-ruler EMBr systems, the double-ruler EMBr has more flexibility,
with independent control of the strength of two rulers offering better potential to optimize the flow
pattern, by either increasing or decreasing the intensity of surface flows. However, nonoptimal choice
of the ruler intensities has the potential to worsen quality problems. Excessive upper-ruler strength
can make surface flow too slow, especially in low-speed operations, resulting in meniscus freezing and
hook formation, which is detrimental to the slab surface quality. Alternatively, excessive lower ruler
field strength could lead to excessive surface velocities, turbulence and associated defects, especially in
high-speed operations.

The ruler-shaped field often tends to decrease in strength towards the narrow faces. If the strength
of the lower ruler near the narrow faces is too small, then the effect of the upper ruler deflecting
the jet downwards can increase flow down the narrow faces below the mold, resulting in deeper jet
penetration and associated particle defects [113]. In addition, this problem may decrease flow towards
the surface, resulting in slower surface flows and associated stagnation problems, even with a strong
lower-ruler field and no upper field current. This is because the double-ruler still generates a magnetic
field peak above the nozzle that can deflect the jet downward, which differs from the single-ruler EMBr
field below the nozzle ports [17].
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Finally, confining the jet between the upper and lower rulers tends to make the jet thinner, slightly
faster, and with less vertical variations [113]. Thus, the locations and strengths of the double-ruler
EMBr system should be adjusted to achieve optimal mold flow, keeping the surface flow velocity
within the optimal range, and minimizing jet penetration deep into the mold cavity, in order to improve
both surface and internal quality of steel slabs.

3.4. MM-EMB

By adjusting the strengths of the five local static fields, multi-mode EMB can be designed to
change, and hopefully improve flow velocity and stability in several different ways [31,120]. With two
strong local magnetic fields located near the meniscus near the narrow faces and an optional strong
field just below the nozzle, MM-EMB in braking mode 1 or damping mode tends to slow down surface
flow [31,120], and lessen surface level fluctuations, in order to avoid defects associated with excessive
surface velocity, such slag entrainment.

Alternatively, applying two strong local magnetic fields below the nozzle near the narrow faces,
MM-EMB in braking mode 2 can achieve similar flow behavior. This mode is similar to single-ruler
EMBr positioned below the nozzle, except there is no field in the center of the mold below the nozzle.
The observed decrease in surface flow is likely due to the field cores being positioned above the jets
near impingement on the narrow faces. Care should be taken in positioning the fields, however,
because if the two fields are located below the jets near narrow-face impingement, surface flow would
be expected to increase. Thus, this mode likely experiences similar behavior and operation guidelines
as the local-EMBr field discussed in Section 3.1. Other MM-EMB modes are possible, which deserve
further investigation.

3.5. Moving Fields: EMLS, EMLA, EMRS, M-EMS, EMC, and SEMS

Moving electromagnetic fields are generated by passing alternating currents through a series of
magnets, each having a different phase shift in order to create a traveling Lorentz force to actively
drive the flow tangentially across the surfaces of the solidifying steel shell in the mold. The strength
and direction of the force depends on the magnet orientation, the applied current, and the effective
frequency of the phase shift. Three types of horizontally-moving magnetic fields near the nozzle ports are
EMLA [16,32,33,40,51,56,121], EMLS [16,32,33,40,51,56,122], and EMRS [16,32,33,40,51] or M-EMS [123,124].
Alternatively, EMC applies vertically-moving magnetic fields near the meniscus [36–38]. Other types of
moving field systems—SEMS and S-EMS—are applied to the strand below the mold [33,40–47].

When surface flow is too slow, EMLA is designed to accelerate the jets in order to increase the
surface velocity, turbulence, and surface temperature. This is useful for situations, such as low-speed
casting and wide molds, to prevent stagnant surface flow, meniscus freezing, and the corresponding
surface defects [121]. Also, EMLA can be applied when argon gas flow rate is high, to transform a
detrimental single-roll pattern to a better double-roll pattern [32].

Alternatively, when surface flow is too fast, EMLS can slow down the jets in order to decrease
surface velocity, surface profile variations, level fluctuations, and associated quality problems such as
slag entrainment [32]. However, excessive magnetic field strength may lead to a single-roll pattern in
the mold when argon gas fraction is high [51,122].

Thirdly, EMRS or M-EMS can rotate the flow around the perimeter of the mold, which is expected
to wash particles away from the dendritic solidification front, in order to lessen particle entrapment,
especially near the meniscus region [123,124]. In addition, the mixing effect of the rotating surface
flow is designed to make the temperature distribution in the liquid near the mold top surface and
meniscus region more uniform, especially in the central region of the mold near the nozzle, lessening
the associated problems of meniscus freezing and lowering hook depth [123,124]. This is an alternative
way to previously discussed methods to increase surface flows, with the potential benefit of less
detrimental level fluctuations, if great care is taken.
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Fourthly, the vertically moving magnetic fields generated by EMC induce vertical rotating flows,
consisting of very small upper and lower counter-rotating recirculation regions near the meniscus in
the mold, where the magnets are located [36,38]. This lessens the tendency of molten steel to overflow
the meniscus during oscillation mark and hook formation. Thus, EMC can decrease surface defects
including uneven slab surface and particle capture during initial solidification [36]. More details are
given in Section 5.3.

Finally, SEMS in slab casting creates large vertical recirculation regions below the mold, designed
to control superheat, solidification, grain structure, and solute distribution [33,40–47]. The one-way
horizontally-moving fields in SEMS create Lorentz forces which directly drive the molten steel across
the strand towards one of the narrow faces. After impinging on that narrow face, the flow splits
vertically upward and downward. With one magnetic field or an “in-roll” pair of moving field systems
on each side of the strand, this results in two large, counter-rotating vertical recirculation regions
across the entire strand width, which extend far above and below the SEMS field region [41,42,45–47].
With two sets of two pairs each of in-roll-type SEMS stirrers employed, SEMS can generate three flow
recirculation zones across the strand, which induce stronger effects on mixing the flow, compared
to single-pair in-roll SEMS [42]. The top surface flow in the mold is not affected much by SEMS, so
the importance of this mixing flow is related mainly to effects on superheat distribution, temperature
gradients at the solidification front, grain structure, porosity, and segregation in the strand, which are
discussed later. All of these moving-field methods deserve further investigation to understand and
optimize the behavior.

3.6. Combined Traveling and Static Fields

Static and traveling magnetic fields can be combined together to offer even more flexibility to tailor
electromagnetic control of the flow pattern in the mold. The FC3 system upper EMS field is designed
to act like EMRS to produce the rotating flow around the perimeter of the upper mold [55,84,85], as
shown in Figure 12. This aims to reduce particle capture during initial solidification and to make
molten steel temperature and superheat removal more uniform around the mold perimeter. The static
field in the lower mold region of FC3 is designed to slow down the jet flow to control surface flow
intensity, and to shorten the jet penetration deep below the mold [55,84,85], which is designed to lessen
deep particle penetration and capture. The combined effects of these two fields have great potential to
reduce both surface and internal defects if they are optimized.

 

Figure 12. Flow patterns at various horizontal sections of the mold with (a) no magnetic field and
(b) combined moving and static magnetic fields [55].
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Another type of combined field system employs EMC near the meniscus on the narrow faces and
a single-ruler static EMBr field below the nozzle ports [49]. The EMBr field is designed to brake the jet
and control surface flow intensity. The moving field is designed to decrease meniscus level fluctuations
to lessen slag entrapment and has been shown to greatly decrease oscillation mark depth, making a
smooth slab surface with less hook formation [36].

4. Electromagnetic Flow Control and Surface Instability Effects

Surface instabilities associated with high surface velocity, velocity fluctuations, and severe level
fluctuations are detrimental to surface quality of the final steel products. For many quality concerns,
flow instabilities and transient events are often more important than the time-averaged flow pattern
itself [16,32]. These instabilities can cause intermittent slag entrainment into the molten steel pool
and slag entrapment by the solidifying steel shell, resulting in slag capture defects [74]. In addition,
oscillation mark profiles become deeper and more uneven due to severe surface level fluctuations,
especially near the meniscus. Electromagnetic forces affect both the flow pattern and the flow stability.
Optimal application of electromagnetics to better control the surface flow and level can help to prevent
these instabilities and the related quality problems.

4.1. Local and Single-Ruler EMBr

Local EMBr is designed to decrease velocity fluctuations of the jet passing below the strong
magnetic field. However, the jet instability becomes severe when the local EMBr core is located below
the jet, especially with excessive field strength [106]. This is because the jet deflects upwards to avoid
the strong field region, and may disrupt the top surface, especially in wide slabs [106]. This further
emphasizes the importance of optimizing the vertical orientation of the magnets relative to the SEN
depth, according to the port angle and slab width, as discussed in Section 3.1.

The effects of single-ruler EMBr also depend strongly on the location of the ruler [27,28]. Locating
a single-ruler EMBr above the nozzle decreases surface level fluctuations, resulting in a more stable
surface. On the other hand, lowering the magnetic field below the nozzle ports produces shallower
downward jet angles, higher surface velocities, lower turbulent kinetic energy at the surface, and
better surface flow stability, especially at higher level fluctuation frequencies. In addition, vortex
formation at the mold top surface, caused by biased surface flow due to nozzle misalignment between
left and right sides in the mold, can be lessened with single-ruler EMBr together with optimized argon
injection [125]. Applying the ruler across nozzle ports worsens the flow instability, however, producing
strong unbalanced, asymmetric transient behavior (jet wobbling) and complex flow [28,29,126], as
shown in Figure 13. Thus, the electromagnetic field should not be placed with its maximum directly
across the nozzle ports, where it may aggravate unstable flow. When modeling these phenomena, it
is important to note that the flow instability with realistic conducting walls is much less than with
insulated walls [27,28,127,128], as shown in Figure 13. With single-ruler EMBr below the nozzle and
electrically-conducting walls, the low-frequency oscillations of the jet flow are suppressed and results
in a stable double-roll flow pattern with surface velocity within the window of safe operation, for the
conditions simulated [28].

Vertical single-ruler EMBr is predicted to reduce both surface velocity and level fluctuations,
especially near the meniscus [111]. The strong magnetic field oriented vertically along near the
narrow faces tends to brake the upward flow produced after jet impingement on the narrow faces.
Deepening SEN depth and lowering nozzle port angles (more downward) should further lessen surface
fluctuations [111].
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Figure 13. Transient history of jet velocity component (minus sign (−) indicates toward NF) in the mold
with single-ruler EMBr locating at (a) 92 mm (near the nozzle ports) and (b) 121 mm (below the nozzle)
below meniscus [28].

4.2. Double-Ruler EMBr

By surrounding the jets leaving the ports with static fields both above and below, double-ruler
EMBr acts to stabilize the flow, deflecting chaotic turbulent variations in the jet direction back towards
its designed path towards the narrow faces. Thus, asymmetrical flow and its associated variable
surface defects tend to be reduced [79]. For example, surface level fluctuations caused by unbalanced
flows in a slab mold are reduced with double-ruler EMBr [79]. Swirl flow inside the nozzle causes jet
wobbling, especially with a slide-gate control system. This results in stronger variations in surface
velocity and low-frequency level fluctuations [113], as shown in Figure 14a. The clockwise swirls,
which have higher momentum than the counterclockwise swirls, due to shorter flowing path from the
slide gate to the nozzle bottom on the right side in this orientation, produce higher surface velocity
and surface level height. Thus, surface velocity and level fluctuation variations occur whenever the
swirl flow direction changes in the nozzle bottom. Double-ruler EMBr reduces the surface velocity
fluctuations due to the swirl direction changes as shown in Figure 14b, by dampening the momentum
differences between swirl rotation directions. This is because the upper ruler field across the nozzle
makes the velocity profile more uniform inside the nozzle [17,113], which then reduces jet wobbling
and stabilizes the surface velocity and level across the mold width, as shown in Figures 15 and 16 [113].
This effect is also likely with single-ruler EMBr above the nozzle ports.
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Figure 14. Surface velocity magnitude histories in the mold (a) without and (b) with double-ruler
EMBr [113].

 

Figure 15. Surface velocity variations comparing LES modeling and measurements (a) without and
(b) with double-ruler EMBr [113].

 

Figure 16. Surface level variations comparing LES modeling and measurements (a) without and
(b) with double-ruler EMBr [113].
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4.3. Moving Fields: EMLS, EMLA, and EMRS

Moving field effects on flow stability in the mold region have received less previous
study [39,51,56,75], compared to that of static fields. Feedback control systems have been implemented
in a few commercial operations with EMLS and EMLA, adjusting the magnetic field strength according
to the current “F-value” [105], which is an estimate of surface flow strength based on SEN geometry,
mold width, and casting speed [51,75]. This system is reported to maintain stable surface level in the
mold [51,75]. For this to be effective, the EMLS and EMLA fields should be located just below the
nozzle ports [51,75] and the flow pattern should be double-roll [16]. It is especially important to avoid
unstable flow due to continuous transition between single-roll and double-roll patterns, as shown in
Figure 17, as this causes severe surface level fluctuations [16]. In addition, this system needs to be
improved to handle argon gas [32].

As an alternative control method, the magnetic field strength could be adjusted more actively
according to local flow conditions. Two feedback control systems, based on two sensor measurements
of instantaneous surface level, are expected to be better. Flow rate from the stopper rod or slide gate
can be controlled to maintain a constant average liquid level, based on the first sensor, located at the
quarter point. This location, found midway between the SEN and NF, is the most stable location
in the mold relative to the highest amplitude wave motion [60,64,113]. The other sensor can be
located near the narrow-face meniscus. Then, the magnetic field strength can be controlled to decrease
the estimated surface level profile variations, as indicated by the difference between the two sensor
measurements [24].

Finally, EMRS appears not increase surface level fluctuations, even the magnetic field is located
near the mold surface [51].

 

Figure 17. Unstable flow regime between single and double-roll flow patterns (4.4 t/min
throughput) [16].

5. Electromagnetic Effects on Superheat Transport and Initial Solidification

Superheat is delivered with the molten steel flow towards top surface (mold flux layer), which
affect initial solidification at the meniscus, and also deep into the mold cavity, which affects shell growth
and potential thinning. Superheat transport depends on the mold flow pattern, which determines how
the jet along with its superheat takes to reach different regions in the mold. The coldest regions tend
to be found at the meniscus near the SEN and near the narrow faces. Stronger upward flow brings
more superheat faster to these regions, resulting in higher meniscus temperatures. Optimal surface
flow strength also mixes the liquid mold flux, which helps to melt the powder and encourage good
gap infiltration and uniform lubrication. On the other hand, weaker upward flow results in a colder,
stagnant meniscus, perhaps causing initial solidification problems including meniscus freezing, deeper
oscillation marks and hooks, which can further increase particle capture, and slag infiltration problems.

25



Metals 2019, 9, 471

Thus, through its effect on the flow pattern, electromagnetic forces can also help to control superheat
distribution, initial solidification, and shell growth.

5.1. Static Magnetic Fields

As discussed in Sections 3.1 and 3.2, the location of static EMBr fields relative to the jet greatly
affects the mold flow pattern. Thus, superheat transport is also influenced strongly by the magnetic
field location [103,104,108,109,126,129,130]. Magnetic fields located below the jet deflect flow upwards
towards the surface, leading to a hotter meniscus region [103,104], increasing meniscus temperature
with increasing field strength, as shown in Figure 18 [104]. Optimal local EMBr fields can produce
shallower oscillation marks [131].

On the other hand, magnetic fields above the jet deflect flow downwards, deeper into the mold
cavity. The weaker upward flow transports less superheat to the mold upper mold, resulting in
meniscus freezing, flow stagnation at the surface, and associated quality problems. In addition, local
EMBr field can lessen jet intensity in the lower mold, resulting in a more uniform shell with less shell
thinning at the jet impingement point [131].

 

Figure 18. Temperature distribution in the mold with local EMBr field strength B0 of (a) 0.0 T, (b) 0.2 T,
and (c) 0.39 T [104].

Applying double-ruler EMBr has more flexibility to control the mold flow. Thus, superheat
transport towards the stop surface is more adjustable by independent control of the field strengths
of two rulers. More superheat is delivered towards the surface with stronger upward flows if the
lower ruler is stronger and the upper ruler field is far above the nozzle ports [115,132]. This increases
meniscus temperatures [115,132]. This can decrease the depths of oscillation marks and subsurface
hooks, which are strongly related to low temperature distributions near the meniscus [100,101], as
shown in Figure 19 [132]. Alternatively, abnormally high strength or low location of the upper ruler
field can make the meniscus flow stagnant, causing associated surface defects.
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Figure 19. (a) Subsurface hooks and (b) the effect of double-ruler EMBr on hook depth in the steel
slab [132].

5.2. Horizontally-moving Magnetic Fields: EMRS, M-EMS, and EMLA

The horizontally-rotating magnetic fields applied with EMRS or M-EMS produce rotating flow
around the perimeter of the mold. This makes superheat transport and temperature distribution
more uniform near the solidifying steel shell, especially where the meniscus tends to be cold, near the
SEN and narrow faces [34]. Thus, depths of hooks and oscillation marks should be lessened. This
also enables improvement of heat transfer uniformity through the slag layer in the steel shell/mold
gap around the mold. Thus, the initial steel solidification around the mold is more uniform [34].
Uniformity of initial solidification can lessen defects such as longitudinal cracks, which initiate at local
nonuniformities where stress can concentrate.

EMLA can increase temperature near the meniscus, by strengthening the upper flow along with
delivering more superheat to the upper region of mold [32]. This is expected to have similar benefits of
shallower oscillation marks and hooks.

5.3. Vertically Rotating Field near Meniscus: EMC

The moving EMC fields near the meniscus create two vertically counter-rotating recirculation zones
near the meniscus [36,38]. The lower flow recirculation opposes molten steel trying to overflow the
meniscus during each mold oscillation cycle. It also mixes the local superheat making temperature near
the meniscus more uniform. These effects reduce oscillation mark depth and hook formation [36,38] as
shown in Figure 20. This is expected to improve surface quality and to reduce particle capture defects.

Figure 20. Oscillation marks and hooks in steel slabs (a) without and (b) with electromagnetic casting
(EMC) [36].
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6. Electromagnetic Effects on Particle Transport and Capture

Particles including bubbles, alumina, and slag inclusions may be transported with the flow and
removed to the surface slag layer, or captured into the solidifying steel shell. Large particles are
detrimental to product properties such as fatigue life, especially in high-strength steel. Bubbles are
detrimental because they are usually coated with small inclusions. Captured large bubbles concentrate
the inclusions into large clusters, so are detrimental to final steel product quality if they cannot be
removed by further processes such as surface scarfing. Large particles are also detrimental by leading
to delaminations, blisters, pencil pipes, and other defects during downstream operations [133,134].

Near the meniscus, excessive surface flow causes surface profile variations and level fluctuations,
which can entrain slag as inclusions into the molten steel pool, and/or may directly entrap slag,
inclusions, and bubbles into the steel shell at the meniscus [8,74]. In addition, single-roll surface flows
towards narrow faces or cross-surface flows between wide faces may move particles trapped at the
interface between the liquid mold slag and the molten steel pool, to the meniscus regions, where they
may be captured. Alternatively, strong flow across (tangential to) the steel solidification front can wash
particles away from the solidifying steel shell front, resulting in less particle capture [82,94].

Abnormally slow surface flow can lead to insufficient superheat transport to the meniscus, leading
to deeper frozen hooks, as discussed in Section 5. This can cause more particle capture defects in the
mold regions. Thus, the first objective of flow control is to maintain surface flows in a safe window of
operation. Electromagnetic fields, combined with other casting conditions and nozzle geometry, can
help to achieve this. The extra control possible with electromagnetics, however, may enable paying
attention to particle transport and capture independent from surface flow.

Finally, electromagnetic fields can change the local velocity field adjacent to non-conducting
particles, such as large argon bubbles, which can change the bubble shape and terminal rising velocity,
relative to the flow field [135]. Thus, electromagnetic effects on the flow pattern and turbulence
can significantly affect particle transport and the fraction and distributions of entrapped particles in
several ways.

6.1. Local and Single-Ruler EMBr

As discussed in Sections 3–5, with local or single-ruler EMBr field located below the jets, the jets
deflect upward towards the mold top surface, which could help argon bubbles and other particles
carried with the flow to escape into the surface slag layer [104]. However, excessive upward flow may
disrupt the top surface and allow more bubbles to accumulate beneath the slag layer, especially near
the SEN, where they may be captured during initial solidification. In extreme cases, strong surface
flows, such as caused by a poorly-designed local field, can push the liquid mold flux away, causing
an open eye, where the molten steel is exposed to the powder and air [136]. This must be avoided
because the associated reoxidation, contamination with carbon from the mold powder, bubble, and slag
entrainment are all very detrimental to steel quality. Thus, the main objective of EMBr is to change the
flow pattern to avoid excessive surface-directed flows to avoid particle entrapment and other defects
associated with excessive surface flows.

On the other hand, if EMBr fields are located partly above the nozzle ports, so the jets are deflected
downward, the flow may transport more particles deep into the strand below the mold. This will
increase internal defects, as only a small fraction (lower than ~10%) of these particles are able to
return to the top slag layer [137]. Thus, placing local or single-ruler EMBr fields at a proper location is
important to control particle transport and capture in the mold, as expected from the effects on fluid
flow pattern and surface instability, discussed in previous Sections 3.1, 3.2 and 4.1.
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6.2. Double-Ruler EMBr

The upper ruler of double-ruler EMBr can help to avoid excessive surface flows and stabilizes the
surface slag/molten steel interface in the mold, which tends to reduce the entrapment of inclusions due
to level fluctuations [113]. These effects are similar to a single-ruler EMBr above the nozzle.

The lower ruler of double-ruler EMBr can help to lessen jet penetration and particle transport
deep into the strand. As shown in Figure 21 [138], such an EMBr system causes fewer bubbles to be
transported towards the narrow faces. The sizes and fractions of bubbles captured with these two
flow patterns are shown in Figure 22 [138]. Small particles which contact the solidification front are
easily entrapped between dendrites. On the other hand, large particles are only captured if the particle
stays at the solidification front for long enough time to become surrounded by the growing shell
front [82,94,138–140]. A simple criterion, which captures any particle touching the solidifying shell,
overpredicts the capture of large particles, as shown in Figure 22a. Calculations with an advanced
capture criterion [82,94,138] consider a potential balance of eight forces on the particle at the shell
front, which include the drag from tangential velocities, which can wash away the particles from the
solidification front, back into the main flow. This sophisticated capture model agrees better with plant
measurements in Figure 22a, which show an average bubble diameter of ~0.1mm. Results also show
that the average size of bubbles captured near the meniscus is slightly bigger than those captured
deeper in the caster. Meniscus hooks, not included in the model, likely capture larger particles rising
up beneath them. The change in the bubble transport with double-ruler EMBr tends to decrease the
fraction of bubbles captured into the solidifying steel, as shown in Figure 22b, especially the 0.1mm
size [82,138]. In addition, less deep hooks, due to more superheat towards the meniscus region with
double-ruler EMBr, can reduce inclusion capture into the hooks [132] as shown in Figure 23.

 

Figure 21. Bubble distributions in a slab caster centerplane without and with double-ruler EMBr [138].

Figure 22. Captured bubble size distribution showing (a) the variation with distance beneath the strand
surface and (b) the effect of double-ruler EMBr on capture fraction [138].
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Figure 23. (a) Inclusions captured by hooks and (b) the effect of double-ruler EMBr on inclusion capture
in the steel slab [132].

However, bubbles can penetrate deeper into the mold with double-ruler EMBr if the lower-ruler
field strength is not enough to reduce the downward flow velocity near the narrow faces [113]. On the
other hand, excessive strength of the upper ruler field can make the surface flow stagnant, leading to
formation of more hooks which can entrap more slag inclusions into the shell. Thereby, optimizing the
strength of both rulers is important to reduce the particle transport and capture [79,115,138], improving
both surface and internal quality of the steel slabs.

6.3. Moving Magnetic Fields

Proper application of EMLS magnetic fields to stabilize surface velocity and surface level
fluctuations may also help to reduce particle-related defects in the final steel product [32]. This is due
to lessening the entrainment of slag inclusions and bubbles coated with inclusions and their capture
into the solidifying steel shell, especially at the meniscus, as discussed in the previous section.

Horizontally-rotating magnetic fields induced by EMRS or M-EMS produce horizontally-rotating
flow patterns around the perimeter of the mold. This flow pattern can wash away particles from the
steel shell front in the mold [32,34,124,141–143], especially near the meniscus region, and from beneath
subsurface hooks. This can significantly reduce defects related to the capture of bubbles near the
surface (sometimes called pinholes or blowholes) [32,34], as shown in Figure 24, and other defects
with large inclusions (slag, alumina [34], or calcium-alumina). In addition, more uniform surface
temperature near the meniscus can lessen hook depth as discussed in Section 5. This in turn can reduce
particle capture at the meniscus. Both the washing effect and the reduction of hooks are effective to
reduce particle capture defects. Similar washing effects to lessen the capture of large inclusions might
be involved with EMLA, and/or SEMS, but this needs further investigation, as previous work could
not be found.

 

Figure 24. Subsurface-entrapped bubble defects in steel slabs (a) without and (b) with EMRS [32].
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7. Electromagnetic Effects on Grain Structure and Internal Quality

Grain structure including the chill zone, columnar zone, Columnar-Equiaxed Transition (CET),
and equiaxed zone is important for steel mechanical properties. Having more equiaxed grains in the
slab correlates with less center segregation [144]. Many efforts have been made to increase the equiaxed
zone size using electromagnetics. M-EMS can increase nuclei formation, resulting in smaller grains
near the strand surface [34], perhaps due to the higher velocity flow across the solidification front
melting off dendrite tips [145]. If more nuclei can survive and flow deep into the molten steel pool,
this would be expected to lead to a larger fraction of equiaxed grains in the final product. Similarly,
SEMS induces rotating flow below the mold, specifically in the vertical plane of the width and casting
directions [33,40,42,45], which should decrease temperature gradients in the liquid, and has been
shown to increase the size of the central equiaxed zone [33,40,42,45,146], as shown in Figure 25. In
nonoriented electrical steel casting, the application of two sets of two pairs of in-roll SEMS magnetic
fields at 400 A and 5 Hz was reported to show great improvement of grain structure, to over 60%
equiaxed, as shown in Figure 26 [42].

Figure 25. Effect of strand EMS on temperature gradient, dendrite tip velocity, and location of Equiaxed
Zone (EZ) [146].

Figure 26. Microstructure of nonoriented electrical steel in slab horizontal cross-sections (a) without
and (b) with SEMS rollers (54% equiaxed grains) [42].

In addition, strand EMS also affects segregation and centerline quality. Applying S-EMS together
with soft reduction (Posco Heavy strAnd Reduction Process: PosHARP) has been reported to reduce
center porosity and centerline segregation (abnormal high and varying solute concentration between
the dendrites near final solidification) better than soft reduction alone [43], as shown in Figure 27.
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Figure 27. Effects of SEMS with soft reduction on segregation and porosity defects [43].

However, white bands (low solute concentration) and/or dark bands (high solute concentration) in
the steel microstructure are caused by tangential flow across the solidification front, due to nonuniform
solute distribution in the strand region. These distinctive bands of macrosegregation can be seen in
slabs cast with SEMS, always at the depth into the slab where the flow was induced [147], such as in
Figure 26b. In addition, distinctive changes in the angle of the columnar dendrite growth directions can
be seen in the cross-sections of slabs cast with SEMS, corresponding with the changing flow directions
across the solidification front with distance down the strand. The effect of casting conditions and
flow control methods with and without electromagnetic effects on segregation and grain structure
needs more study to more accurately quantify the relation between fluid flow, macrosegregation, grain
structure, and related steel quality.

8. Electromagnetic Control of Steel Composition Distribution: Clad Steel Casting

Another type of horizontal rectangular-shaped static magnetic field with a single-ruler, also called
Level DC Magnetic Field (LMF) [30], is useful to manufacture clad steel slabs. This strong static field is
employed across the slab mold in between the submergence depths of two nozzles, which deliver two
different steel grades into the mold, as shown in Figure 28a. This magnetic field applied just below the
mold exit produces two separated flow zones in the upper and lower pools, as shown in Figure 28b.
This tends to lessen mixing of the two steel alloys, which consist of a stainless steel surface layer, which
solidifies first, and a low carbon steel interior that solidifies later below the mold.

Figure 28. (a) Schematic of continuous casting and (b) flow patterns in the mold and strand region
with Level DC Magnetic Field (LMF) for clad steel slabs [30].
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Figure 29 shows the effects of LMF on microstructure and composition distribution in the clad
steel slab. With LMF, the sharp gradient in nickel concentration at the interface between the stainless
steel (outer surface layer) and the low carbon steel (interior) and the negligible nickel in the interior
both indicate the effectiveness of LMF to prevent mixing of stainless steel into the interior.

Figure 29. Comparison of microstructure and nickel distribution in the clad steel slabs (a) without and
(b) with LMF [30].

9. Summary and Conclusions

This paper has reviewed the many different types of electromagnetic systems used in slab casting
to affect fluid flow and related phenomena and the research tools that can be used to investigate
and understand the phenomena that affect steel product quality. Some of these effects and practical
strategies to operate these electromagnetic systems are summarized below.

• Combining several plant measurement methods is recommended to quantify the flow fluid and
effects on quality, owing to the complexity of the continuous casting process with electromagnetics
and the difficulty of making direct measurements.

• Computational modeling validated with plant measurements and lab experiments is the best
way to quantify and understand the effects of electromagnetic forces on fluid flow, superheat
transfer, solidification, particle transport and capture, grain structure, steel composition, and other
phenomena and defects.

• Static magnetic fields (local, single-ruler, and double-ruler EMBr and EMB), moving magnetic fields
(EMLS, EMLA, EMRS/M-EMS, EMC, and SEMS), and combined systems have been developed to
affect the flow pattern and flow stability, aiming to control the intensity of surface flows in the
mold to reduce various defects including surface defects, slag entrainment, inclusion entrapment,
and deep oscillation marks, and/or to control internal cleanliness, grain structure, segregation,
and porosity.

• EMBr, EMB, EMLS, and EMLA are designed to maintain a stable double-roll flow pattern which
keeps surface velocity, profile, and level fluctuations within a safe operating window, which is
most useful for higher casting speed operations, especially thin-slab casting.

• Placing static EMBr fields at a proper location relative to the flowing jets is critical to achieving the
flow objectives. A strong magnetic field above the jet core tends to deflect the jets downward, and
to slow surface velocity, which decreases variations in surface level and profile. In this case, care
is needed to avoid over cooling the surface if the field is too strong.

• On the other hand, a strong magnetic field below the jet core tends to deflect the jets upwards,
increasing surface velocities when casting at low speed and lessening deep penetration of
inclusions. In this case, care is needed to avoid upward excessive surface flows, if the field is
too strong.
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• Locating the core of an EMBr magnetic field directly across the jets exiting the nozzle ports should
be avoided to prevent unstable jet flow and associated defects.

• A static ruler EMBr field across the nozzle above the ports helps to stabilize flow inside the nozzle,
with consequent improvement of flow stability in the mold.

• Maintaining proper ruler-EMBr field strength across the mold towards the narrow faces is
important to reduce surface level fluctuations near the meniscus and jet penetration deep into the
mold cavity.

• Moving magnetic fields in the mold (EMLS, EMLA, EMRS, and M-EMS) actively drive the flow,
providing an alternative method to achieve flow objectives. These include: EMLS moving fields
towards the SEN, aiming to lower surface velocity and turbulence; EMLA moving fields towards
the narrow faces, aiming to increase surface velocity and turbulence; and EMRS (M-EMS) fields
rotating around the perimeter of the mold surface, aiming (in part) to wash particles away from
the solidifying steel shell to lessen particle capture.

• Superheat transport and initial solidification depend greatly on the mold flow pattern. Thus,
adjusting the magnetic fields to deflect (static fields) or accelerate (EMLA) the jet upwards towards
the top surface in the mold can reduce meniscus freezing, hook formation, and oscillation mark
depth. Furthermore, rotating magnetic fields generated by EMRS (M-EMS), or EMC can make
superheat and temperature near the meniscus more uniform.

• Lessening the jet impingement depth, with a uniform ruler EMBr field across the mold below the
jet, can reduce particle capture deep into the solidifying steel shell. In addition, the washing effect
generated by a rotating flow pattern with EMRS or M-EMS can reduce surface defects including
particle capture during initial solidification at the meniscus including subsurface hooks.

• Below the mold, horizontally-moving fields towards one narrow face (SEMS) produces vertically
rotating flows in the strand region, which mixes superheat, resulting in increased equiaxed grains,
and less center segregation and porosity defects.

• Strong static magnetic fields can enable clad steel casting, by helping to separate two steel
alloys without mixing, by generating two separate flow recirculation zones above and below the
magnetic field.

• The application of combined fields, employing a traveling field either horizontally (via EMRS or
M-EMS) or vertically (EMC) in the upper part of the mold and a static field (single-ruler EMBr)
in the lower part of a mold, has great potential to reduce both surface and internal defects: The
horizontally-moving field around the perimeter of the mold surface can wash away particles
at the solidifying steel shell front and prevent their capture. At the same time, the static field
prevents the jet flow go deep into the mold cavity, thereby reducing particle penetration, capture,
and internal defects.

• The vertically moving EMC field near the meniscus can greatly reduce oscillation mark and
hook depth.

• One of the greatest benefits of electromagnetics over conventional flow control devices, (such
as port geometry) is the potential to adjust the field strength during operation according to the
current flow conditions. Even better is the potential to adjust the magnetic field according to
real-time feedback from in-mold sensors, such as multiple sensors of surface level, in order to
maintain the intensity of surface flows in window of safe operation real time. More work is
needed to implement this into practice.

Electromagnetic systems have been designed to prevent defect formation and to improve steel
quality. However, all of the process geometry and conditions including nozzle port angle, SEN depth,
casting speed, and argon gas flow rate need to be considered together to find optimal flow system
operation conditions including electromagnetics for a specific caster, according to its needs regarding
steel quality concerns.
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Abstract: With the development of continuous casting technology, there has been an increase in the
stringent requirements for the cleanliness and quality of steel being produced. The flow state of
molten steel in tundish is the key to: Optimizing the residence time of molten steel in the tundish;
homogenizing the temperature of molten steel; and removing inclusions by floatation. Hence, from
theoretical and practical aspects, it is imperative to examine and analyze the flow field of molten steel
in the tundish in order to ensure the desired molten steel flow. In this study, a two-strand tundish
with 650 mm × 180 mm slab casting is considered as the subject for this research. According to the
similarity theory, combined with the geometrical shape and dimension of the prototype tundish,
a tundish model with a geometric similarity ratio of 2:3 is established in the laboratory. Digital particle
image velocimetry (PIV) is employed to measure and examine the flow fields at different casting
speeds for a tundish containing different flow control devices. The flow in the tundish is typically
turbulent and also consists of a vortex motion; it exhibits both random and ordered characteristics.
Results reveal that the presence of baffles with 15◦ holes can cause an upward-directed flow in the
outlet section and give rise to a large circulation. When the casting speed is doubled, the overall
velocity of the flow field and turbulent intensity increase, leading to an increase in the molten steel
surface velocity.

Keywords: steel tundish; baffle; flow field; velocity; PIV

1. Introduction

The main function of the tundish is to act as a steel reservoir between the ladle and the mold,
and in the case of multistrand casters, to distribute the liquid into the molds. In addition to being
a reservoir of liquid steel, the tundish is more increasingly used as a metallurgical reactor vessel
aimed at improving control of steel cleanness, temperature, and composition. Tundish metallurgy
was proposed in the early 1980s as a special secondary refining technology and an important link in
ensuring excellent steel quality during production from smelting and refining to the formation of slabs
or billets [1]. In the past three decades, many experts and researchers have done a lot of work and
published many important papers. A comprehensive review was given in the paper by Sahai [2] and
the book by Sahai and Emi [3].

The basic physical phenomenon in the tundish involves the flow of molten steel. The metallurgical
effect of the tundish is mainly achieved by the reasonable flow of molten steel in the tundish. The flow
is intended to deliver the molten metal to the molds evenly and at a designed throughput rate and
temperature with minimal contamination by, and maximize flotation of macro inclusions. Hence,
the investigation of the flow phenomenon in the tundish is the foundation of tundish metallurgy.

Physical modeling has played a key role in tundish research [4–6]. In physical modeling,
a low temperature aqueous analog, generally water, is used to represent molten metal in a tundish.
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In particular, the kinematic viscosity of water is similar to that of molten steel. Water flow in a
transparent model tundish can be used to observe melt flow physically taking place in an actual
tundish. A full or reduced scale tundish model may be designed based on appropriate similarity
criteria in which the flow of molten metal is simulated by the flow of water. As water flow in the
model is a realistic representation of the actual tundish melt flow, it may be used to study the melt
flow in a tundish.

According to the similarity principle for flow phenomena, the use of a water model to investigate
the flow of molten steel in tundish is not only feasible, but also can accurately reflect the values and
law of the actual flow of molten steel. However, in the actual hydraulics simulation of a tundish, it is
difficult to completely maintain all forces to be equal between the model and the prototype; hence,
different situations need to be considered. In a water simulation experiment using a reduced-scale
model, it is imperative to use an approximate model method to ensure that the flow in the model is
similar to that in the prototype.

Based on flow visualization and image processing technology, a digital image technique has
been developed, which combines single point measurement technology (hotline, turbine) and
flow visualization technology. Digital image measurement technology can not only achieve the
overall structure and transient image field, but also obtain the velocity data of the whole flow field
quantitatively. Some researchers [7–9] have measured the flow field in the tundish by the particle
image velocimetry (PIV), thus that the overall structure and transient image of a planar flow field was
obtained quantitatively.

Many attempts have been made to improve melt flow characteristics in existing tundish’s by the
installation of various flow control devices, such as weirs, dams, baffles with holes, and turbulence
suppressors. The beneficial effects of various flow modification devices have been applied in actual
industrial trials as well as physical and mathematical modeling studies [10,11]. Optimum placement
of flow control devices has been found to result in an increase in the average residence time of fluid
as well as an increase in the plug flow volume in the tundish. These flow control devices, properly
installed, may create localized mixing in contained regions, which may help in inclusion agglomeration
and hence, inclusion removal.

Due to the limited of view of the camera in PIV, developing an approach for measuring a water
model with a length close to 5m is an important problem to be solved in this paper. In this study, the
PIV flow measurement is carried out for a reduced-scale two-strand tundish model for slab production.
The paper analyzes the flow characteristics in a two-strand tundish for continuous slab casting with
different flow-control devices. The effect of eddies is discussed.

2. Experimental Object and Scheme

To transfer results of measurements from a model to the original tundish, apart from the geometric
similarity, the fluid-dynamic similarity must be considered as well. For an isothermal water model
experiment, geometrical similarity, and dynamic similarity between the model and the prototype are
required. In order to maintain similarity in depth of liquid, the relationship between the velocities and
hence the inlet flow rate of the fluid in the model and in the prototype is to be obtained by following
either of Froude (Fr) similarity or Reynolds (Re) similarity. For the dynamic similarity, the Re number
and Fr number in the model should be equivalent to those in the prototype. As steel flow in the tundish
is gravity-driven, it is understood that flow inside the tundish is Froude criteria dominated. As the
flow of liquid steel within the tundish is severely turbulent, the Re number of the model is in the same
self-modelling region as the prototype, the Re number can meet the requirement naturally. Thus, most
reduced scale-modeling studies are done mainly based on Froude similarity criteria [12].

In the experiments, a two-strand tundish of a stainless-steel slab continuous casting is used as the
experimental object. The tundish model in the hydraulics experiment comprised clear glass with a
2:3 ratio to the prototype. The flow rate passing the long nozzle in the experiment is determined on
the basis of the typical sectional dimension of the cast slab, i.e., 180 mm × 650 mm, and casting speed.
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The typical casting speed is 1.2 m/min. The long nozzle diameter is 75 mm. The main dimensions
of the water model are shown in Figure 1, all dimensions are in millimeters. The scale factor of 2:3 is
defined as the ratio of lengths in the model and prototype systems to ensure geometric similarity.

 
(a) 

 
(b) 

Figure 1. Two-strand tundish water model (a) shell diagram; (b) control device.

To satisfy the Froude similarity, the Froude number of the water model should be equal to that of
the prototype:
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The similarity ratio in velocity can be obtained (model velocity/prototype velocity):
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The similarity ratio in the flowrate can be obtained (model flowrate /prototype flowrate):
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Q
=
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3
)
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(3)

where v and v′ represent the velocity of the fluid in the tundish in the prototype and model respectively,
m/s; g is the gravitational acceleration, m/s2; l is the characteristic length, m; λ is the similarity ratio,
Q and Q′ are the flowrate in the tundish in the prototype and model respectively, m3/h.

In the water simulation experiment, the quantity of poured steel is controlled by the flowrate at the
long nozzle, meanwhile the liquid level is controlled by the level gauge in the tundish model. Table 1
summarizes the concrete experimental parameters of the tundish prototype and the water model.
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Table 1. Experimental parameters of the tundish prototype and water model.

Object
Melt Depth in
Tundish/mm

Volume/m3 Long Nozzle Inserted
Depth/mm

Flowrate/(m3/h)

Prototype 900 6.00 250 8.42
Model 600 1.78 167 3.06

Fluid flow characteristics in the tundish with the incorporation of flow control devices is dependent
on the optimum location and size. Numerical simulations have been used to optimize current control
devices and installation locations. The optimized results are obtained by numerical simulation and
must be validated by actual water simulation experiments. Scheme A is an optimization scheme,
while the other three are in contrast to it. The installation location and size of these devices is shown
in Figure 1. The flow control devices in the tundish mainly include the baffles with holes and the
turbulence suppressor. Table 2 summarizes the experimental scheme. Experiments are carried out
in the presence or absence of the flow control device and different casting speeds. The baffles with
holes are placed in the middle of the tundish. The baffles are perpendicular to the walls of the
tundish. Each baffle has six circular holes with a diameter of 33 mm and an upward inclination of
15◦. To highlight the effect of the flow control device on the flow, the casting speed is doubled for
comparing and manifesting the results obtained from the flow test.

Table 2. Experimental scheme and relevant processing parameters of tundish.

No. Flow Control Device Prototype Casting Speed/(m/min)

A baffles with holes and suppressor 1.2
B baffles with holes and suppressor 2.4
C Suppressor only 1.2
D Suppressor only 2.4

The model tundish is placed on the experimental platform, and water pipelines are connected.
After setting the experimental parameters and waiting for 30 min for the flow to become steady,
PIV flow measurement starts.

According to the flow path of the molten steel in the tundish, the measuring section is shown
in Figure 2. The measurement section is sequentially scanned with the PIV. The photographs by PIV
are processed by PIVview software, then the flow field diagrams from different locations are merged
into the full section. PIVview is a compact program package for the evaluation of particle image
velocimetry with the PIV-Groups of the German Aerospace Center. The software is be developed in
close cooperation with the Institute of Aerodynamics and Flow Technology of the German Aerospace
Center in Goettingen, Germany.

 
Figure 2. Schematic of the measuring section positions in the tundish.
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3. PIV Measurement Process

Figure 3 shows the hardware structure diagram of the test system developed in this study for
the flow field. A certain number of tracing particles are evenly dispersed in the flow field. The 2D
flow field with an approximate thickness of 3 mm is illuminated by a sheet light source comprising a
laser and its lens. Two high-resolution cameras are arranged along the vertical direction of the laser to
form a camera array, which can record the trajectory of the tracing particles of a particular frequency
under the illumination of the sheet light source. The time interval between the two pulses of the laser
that illuminate the flow field is set to meet the camera’s recording frequency and synchronize the
camera’s recording frequency with the laser’s stroboscopic frequency using the synchronizer, which are
similar to commercial PIV requirements in that two continuous frames can be continuously recorded
in a short time period. The use of a multi-camera array can meet the measurement for a large sight
field. The machine vision systems are employed related to the acquisition and processing of data
during the image recognition and velocity measurements, enabling the system to solve low-speed
measurement problems at a lower cost. The motion drive unit controlled by the servo motor can
meet the requirements of segmentation measurement. Combined with the camera array setting, it can
meet the measurement requirement for velocity in a wider range, which also provides the necessary
hardware and software conditions for implementing the different scale measurement for the flow field
in the tundish.

 

Figure 3. Diagram of the particle image velocimetry (PIV) system.

Owing to the low flow velocity in the tundish (average velocity < 1.0 m·s−1), the continuous
shooting mode of a digital camera with a fixed number of frames can meet the requirement to trace
particles. The method does not require two consecutive frames in an extremely short time (5 μs) as it
does by the PIV technology and only needs to ensure the synchronization between the continuous
shooting speed of the digital camera and the laser strobeflash, hence, the measurement system can not
only decrease the price, but also the array comprising multiple cameras can meet the requirements
for obtaining a large field of view simultaneously. The image acquisition system for the flow field in
the experimental tundish mainly comprises of an MGL-N-532 laser source, two Canon 5D MARK III
cameras (Tokyo, Japan) and the background control and data processing software, which is shown in
Figure 4. The laser emitted by the MGL-N-532 laser is the green laser with a wavelength of 532 nm
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and a shooting frequency of 30 Hz. Polystyrene beads with a density of 1.02 g/cm3 and a diameter of
50 μm are tracing particles. Similar to a commercial PIV system, the displacement of tracing particles
is obtained by the cross-correlation algorithm for the two images in the tested area, and the data are
processed by the authorized PIVview software to display the two-dimensional velocity vector field
within the areas in which velocity is measured [13].

Figure 4. The image acquisition system.

As the sectional flow field of the tundish water model exceeds the shooting range of the camera
array, the sectional flow field of the entire tundish water model must be obtained by the image stitching
method. Although the measuring moments for different areas are not the same, the stitched image can
reflect the flow distribution characteristics in the cross section.

4. Experimental Results and Discussion

Figure 5 shows the sectional flow field of the tundish with PIV measurements and numerical
simulation under schemes A. The position of the measured and simulated results is the same.
The simulation shows only half. The position of two baffles with holes is indicated in the diagram.
Of the black stripes that appear in the PIV measurement drawing, three are the supporting frames in
the process of making the tundish model. The white stripes represent the results of different cameras
at different times in Figure 5c. The results obtained from the different method are shown together.

Figure 5. Flow measurement and simulation result of scheme A; (a) numerical simulation;
(b) experimental setup; (c) PIV measurements.
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Figure 5c shows a very detailed velocity field in which the flow is more active in the inlet section.
The very marked large circulation is readily apparent from the plot. It can be seen that flow in the
tundish is a local pulse, partially rendering a lot of mixing, but the overall flow shows the trend of a
certain flow movement.

Figure 5a also shows the flow field for the numerical simulation results obtained by test scheme A.
The commercial CFD package FLUENT with ANSYS 15.0 is used to model and solve the tundish fluid
flow and it is compared with the available experiment results. The tundish with a long nozzle and exit
is modelled. A non-uniform Cartesian mesh is used, with a power-law expansion of cells from the walls
outwards. The finest cells are placed next to the jet-impact wall, since that is where maximum resolution
is needed for the fast-moving boundary layers. A fine mesh is also used to cover the jet region. In order
to test the grid independence of the results, it is necessary to test the sensitivity of the results on
the number of mesh points used. A total of about 8,500,000 cells are used in the finest calculation.
The mathematical model is based on the assumptions of continuum hypothesis, the standard two
equation model, k-ε equation is used to model the turbulence. A steady-state incompressible solution
is adopted, with the main dependent variables being the pressure, three velocity components and
the two turbulent quantities. The SIMPLE (Semi-Implicit Method for Pressure Linked Equations)
algorithm is used for the pressure-velocity coupling and QUICK (Quadratic Upstream Interpolation
for Convective Kinetics) scheme is used for discretization of momentum, turbulent equations.

As can be observed from the measurement results, the flow complexity in the tundish is far
from the simple recirculating flow that is obtained by the Reynolds-averaged Navier-Stokes (RANS)
equations, plus an appropriate turbulence model, combining large circulation and small-scale eddies.
To gain more knowledge about the transient turbulence process, which cannot be achieved via
Reynolds-averaged equations solutions, large-eddy simulations (LES) of the tundish flow field are
performed. Alkishriwi et al. [14,15] and Jha et al. [16,17] have carried out such simulations to investigate
the turbulent flow structure and vortex dynamics. They have confirmed that the metallurgical effect of
the tundish is mainly accomplished by the flow behavior. LES simulation of the flow field in a tundish
is conducted to analyze the flow structure, which determines to a certain extent the steel quality. Many
intricate flow details have not been observed by customary RANS approaches.

The motion of the liquid steel is generated by jets into the tundish and continuous casting mold.
The flow regime is mostly turbulent, but some turbulence attenuation can occur far from the inlet.
The characteristics of the flow in a tundish include jet spreading, jet impingement on the wall, wall
jets, and an important decrease of turbulence intensity in the core region of the tundish far from the jet.
Compared to the numerical simulation, physical simulation for the flow field provides more details
on the evolution of not only velocity but also eddies. Mathematical modeling may provide a much
more detailed picture of velocity, turbulence, and temperature fields as a function of location and time.
In general, the numerical simulation shows the flow trend, while the water simulation work presents
flow details. The two means complement each other and provide a comprehensive understanding of
the flow.

Figures 6–8 shows the flow for schemes B, C, and D. C and D do not have baffles with holes. These
results also show turbulent flow behavior in the tundish. Eddies can be clearly seen by measurement.
Moreover, the evolution and interaction between eddies can be observed by the measurement of a
large amount of transient data.

As can be seen from the results of the flow field in the tundish, the flow is typically turbulent and
consists of eddies in motion. Turbulence exhibits random and orderly characteristics. One of its basic
structures includes the eddies having various scales. Statistically, a large number of random small
eddies form the background flow field, and large-scale eddies structures with quasi-ordered structures
are statistically significant. The large eddies are limited and affected by flow boundary conditions and
flow interfaces. The large eddies contain the turbulent kinetic energy, which is associated with the
fluctuating velocity components. The small eddies, which are called the micro scale of turbulence,
sometimes do not show up due to the limitation of image sampling setting and image resolution in
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PIVview. According to turbulence theory, the turbulent kinetic energy is being dissipated in the smaller
eddies. The small eddies may also play an important role in promoting the coalescence of inclusion
particles [12].

 
Figure 6. Flow measurement results obtained by scheme B.

 
Figure 7. Flow measurement results obtained by scheme C.

 
Figure 8. Flow measurement results obtained by scheme D.

The very important manifestation of turbulent flow is the presence of the eddies. The turbulent
fluctuations will bring about a very effective mixing, mass (and also heat and momentum) can be
readily transported by the eddies from one part of the fluid to the other [12]. The metallurgical effect
of the tundish needs to be exerted via the transmission effect of these eddies.

The eddy is a flowing form, the vorticity is a physical quantity. The mathematical definition of
vorticity is extremely clear. The curl of the flow field is defined as the vorticity:

⇀
ω = ∇×⇀

V (4)

where
⇀
V is the velocity, m/s;

⇀
ω is the vorticity, 1/s; ∇ is the nabla operator. From the definition of

vorticity, vorticity is caused by the velocity gradient in the flow field. The positions at which the
velocity gradients are large exhibit high strain rates according to Newton’s law of viscosity, the flow’s
viscosity depends on the strain rate. A causal relationship clearly exists between the vorticity and
viscosity of the fluid. For homogeneous incompressible fluids, the vorticity is generated from the
fluid-solid interface. Besides moving with the flow, the vorticity diffuses like heat. At the inlet section of
the tundish, the impacting jet on the turbulence suppressor generates a large number of eddies. Owing
to the fluid viscosity and flow control device, a large number of eddies are generated. For preventing
the entrapped slag, the molten steel is required to flow out of the tundish outlet in a stable manner.
With respect to the aspects of satisfying the requirements of process and the improvement on the
metallurgical effect, the application of either a flow control device or a plug rod or increase in the
distance between the inlet and outlet can avoid the interference of the inlet’s strong vortex flow on
the outlet.

For a casting speed of 1.2 m·s−1 the theoretical velocity in the outlet section can be calculated to be
0.001 m·s−1 according to the flow rate and sectional area of the tundish. At such low relative average
velocity, it is difficult to produce relatively intense heat, mass, and momentum transfer. However,
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owing to the strong impacting jet action occurring near the long nozzle and the effect of the flow
control device, the turbulence occurring in the tundish is clear, and a large number of eddies exist.

By the comparison between the presence and absence of the baffles with holes, the flow control
device exerts a fundamental change in the flow within the tundish. In the absence of the flow control
device, the turbulent areas concentrate near the long nozzle. According to the analysis related to the
reason for the generation of the flow eddies in the tundish, owing to the presence of the flow control
device inside the tundish and the number of fluid–solid interfaces increasing, the vorticity generating
positions increase, intensifying the momentum exchange of the internal flow and making the overall
flow easily uniform.

In the presence of the baffles with holes, the flow is in accordance with the requirement of the
designed flow control device, especially in the flow direction and flow velocity. After flow passes
through the inlet section, the flow is “thrown up” through the 15◦ holes to the outlet section surface
and flows out from the outlet after sufficient exchange with the surface. Simultaneously, a large
circulation is formed in the outlet section. The flow control devices, properly installed, may create
localized mixing in contained regions, which may help in inclusion agglomeration and hence, their
removal [18].

By doubling the casting speed, the shape of the flow does not significantly change. The overall
velocity of the flow field and the turbulent intensity increase. In the presence of the flow control
device, the surface velocity in water simulation can reach 0.3 m·s−1. After similarity conversion, the
velocity of molten steel reaches 0.37 m·s−1. Such high speed may destroy the slag layer in the industrial
production. Higher surface velocity could cause tundish slag entrainment at the slag/metal boundary
due to turbulence arising and also cause refractory erosion near the nozzle or stopper, which requires
the use of more expensive refractory practices.

By the millimeter-level spatial resolution of the tundish flow and the measurement and display
at the millisecond-level time dimension scale, it is possible to achieve the precise understanding
of the flow in the tundish. After combining the reality of the eddy structure and the evolution of
eddies, an extremely comprehensive and precise understanding on the flow within the tundish can be
achieved. These results provide a good precondition for examining the metallurgical effects of other
tundishes on the basis of understanding the flow.

5. Conclusions

(1) Based on camera array scanning, reduced-scale two-strand water tundish flow fields are obtained
at different casting speeds using different flow control devices. Flow measurement results show
richer flow-field details than RANS simulation.

(2) There is a typical turbulent flow as well as vortex motions simultaneously in the tundish.
The flow-control device and the boundary have an effect on the generation and dissipation
of eddies, which has an important influence on the metallurgical effect of the tundish.

(3) Baffles with 15◦ holes can cause an upward-directed flow in the outlet section and form a large
circulation. Eddies are generated and the flow in the tundish tends to be more uniform. As the
casting speed is doubled, the overall velocity of the flow field and the turbulent intensity increase,
resulting in a molten steel surface velocity of up to 0.37 m/s.
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Abstract: Control of the roll gap of the caster segment is one of the key parameters for ensuring
the quality of a slab in continuous casting. In order to improve the precision and timeliness of the
roll gap value control, we proposed a rolling gap value prediction (RGVP) method based on the
continuous casting process parameters. The process parameters collected from the continuous casting
production site were first dimension-reduced using principal component analysis (PCA); 15 process
parameters were chosen for reduction. Second, a support vector machine (SVM) model using particle
swarm optimization (PSO) was proposed to optimize the parameters and perform roll gap prediction.
The experimental results and practical application of the models has indicated that the method
proposed in this paper provides a new approach for the prediction of roll gap value.

Keywords: multi-source information fusion; data stream; continuous casting; roll gap value;
prediction; global optimization; support vector regression

1. Introduction

Motivation

High quality continuous casting technology has become the most internationally competitive
core technology in the modern steel industry [1–4]. Due to the complexity of the continuous casting
process, there are many factors that can affect the quality of continuous casting. Among them, the roll
gap of the caster segment is a key parameter. Calculation of the roll gap remains an important problem
in continuous casting production. Establishing a dynamic adaptive predictive model for the caster
segment in continuous casting, and real-time adaptive adjustment of the roll gap according to actual
working conditions, is theoretically and practically valuable for improving the quality of the slab.

The continuous casting process involves several steps as shown in Figure 1. First, the molten
steel enters the mold from the tundish and a certain thickness of the shell solidifies. The slab, with a
shell of a certain thickness, then enters the caster segment from the mold. Secondary cooling is then
performed until the slab is completely solidified. Next, soft reduction of the slab is performed in the
caster segment by adjusting the distance between the upper and lower rollers; this adjusts the internal
crystal arrangement of the slab and improves the internal quality of the slab.

Metals 2019, 9, 380; doi:10.3390/met9030380 www.mdpi.com/journal/metals52



Metals 2019, 9, 380

Figure 1. Continuous casting process.

There are many published studies on the prediction of continuous casting process parameters.
Lait [5] developed a one-dimensional finite-difference model to calculate the temperature field and pool
profile of continuously cast steel. The result obtained was reasonable for low-carbon billets over most
of the mold region. Rappaz [6] described how the microscopic models of microstructure formation
could be coupled to macroscopic heat flow calculations in order to predict microstructural features at
the scale of the whole process. Choudhary et al. [7] developed a steady-state three-dimensional heat
flow model based on the concept of artificial effective thermal conductivity. The model can be applied
to various geometrical shapes of relevance to continuous casting of steel. Koric et al. [8] created an
accurate multi-physics model of metal solidification at the continuum level; this model comprised
of separate three-dimensional models for the thermomechanical behavior of the solidifying shell,
turbulent fluid flow in the liquid pool, and thermal distortion of the mold. The model was applied
to simulate continuous casting of steel. Numerical modeling is still the primary design tool used for
continuous casting studies.

Artificial intelligence (AI) is a branch of the computer science discipline. AI is considered one
of three cutting-edge technologies since the 1970s (those being, space technology, energy technology,
and artificial intelligence). It is also considered to be one of three cutting-edge technologies of the 21st
century (those being, genetic engineering, nanoscience, and artificial intelligence). AI has developed
rapidly over the past three decades, has been widely used in many subject areas, and has achieved
important results. AI has gradually become an independent branch of study [9]. In recent years,
AI methods have been widely used in the field of intelligent manufacturing. Yang et al. [10] proposed a
framework and several general guidelines for implementing big data analytics in a high-performance
computing environment. AI methods have also been introduced to the field of continuous casting.
Hore et al. [11] developed a model based on adaptive neural network formalism coupled with a fuzzy
inference system to predict the mechanical properties of hot-rolled TRIP steel. The present model
provides a predictive platform for possible application of these AI-based tools for automation, real-time
process control, and operator guidance in plant operation. Liu and Gao [12] established a method
for online prediction of the silicon content in blast furnace ironmaking processes. The superiority of
the proposed method was demonstrated and compared with other soft sensors in terms of online
prediction of the silicon content in an industrial blast furnace in China. Mahmoodkhani et al. [13]
considered the friction coefficient as an input parameter in the neural network; it was optimized using
an iterative method employing an equation that related the friction coefficient to the rolling force in
order to rapidly predict the roll force during skin pass rolling of 980DP and 1180CP high strength
steels. Tiensuu et al. [14] used statistical models to improve the dimensional accuracy of a steel plate
by updating the selection of parameters for slab design. Zhang et al. [15] developed a model to predict
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the critical point of interfacial instability of liquid-liquid stratified flow based on the Kelvin-Helmholtz
instability. The results of the water model indicated that the prediction model was correct.

Particle swarm optimization (PSO), described by Eberhart and Kennedy in 1995, is a stochastic
optimization technique based on population [16]. The particle swarm algorithm mimics the clustering
behavior of insects, herds, flocks, and fish groups. These groups search for food in a cooperative
way. Each member of the group changes its search mode by learning from its own experience and
the experience of other members of the group. Valvano et al. [17] introduced a novel decline PSO
procedure. This method was used to select the optimal parameters for sound control. Similarly,
PSO was used to select the optimal parameters of the support vector machine (SVM) kernel function
in this paper.

The remainder of this paper is organized as follows: The data source is introduced in Section 2.
The process parameters collected at the continuous casting production site were dimension reduced by
PCA, as described in Section 3. The PSO-SVM is introduced in Section 4. In Section 5, the proposed
model is applied to a dataset and the results are analyzed. In Section 6, the model is applied to
industrial production and compared with products produced without the model. Finally, a conclusion
is presented in Section 7.

2. Continuous Casting Process Parameters

2.1. Acquisition of Continuous Casting Process Parameters

In this paper, a Chinese steel company was selected as the research object; data on the continuous
casting production line was collected online from this site. The continuous casting machine under
study had more than 6000 distributed sensors to record most of the process state, including the
casting speed, the amount of water in each cold zone, the type of steel, and the casting temperature.
Figure 2 depicts the topological structure of the continuous casting production data acquisition system.
The main core equipment of the continuous casting production data acquisition system included
a basic automation level Programmable Logic Controller (PLC), a man-machine interface server, a
monitoring operation station, a process control-level computer database, a model application server,
and a terminal client. The system collected data through the PLC controller and monitoring operation
station; the data then entered the computer database. Data were analyzed and the model was updated
and corrected in the model application server. Data was displayed to the operator through the terminal
client; process adjustment and optimization occurred through the PLC.

Figure 2. Topological structure of the continuous casting production data acquisition system.
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In this paper, the process parameter data from the continuous casting production line were
obtained with the help of field engineers; the data dimension was 6153. The process parameters
included the tundish, ladle, mold, and caster segment, which were closely correlated with the roll
gap value obtained; the closely related data dimension was 1020. These data were correlated with the
product quality. The collection time was 1 h, the sensor recorded every 0.02 s, and the data volume
was 180,000.

A correlation analysis of these process parameters was performed; the parameters that were more
relevant were classified as a category. The coefficient of the association between two parameters could
be obtained by:

r =

n
∑

i=1
(xi − x)(yi − y)√

n
∑

i=1
(xi − x)2 · n

∑
i=1

(yi − y)2
(1)

where r is a correlation coefficient reflecting the relationship between two variables and the related
direction of this relationship, xi is a data point in data set X, x is the mean of X, yi is a data point in
data set Y, and y is the mean of Y.

The analyses revealed that the correlation coefficients between each process parameter were more
than 0.5; many correlation coefficients were even greater than 0.8. As a result, 15 types of continuous
casting process parameters were chosen, as listed in Table 1.

Table 1. Process parameter names and abbreviations.

Name Process Parameter Name Process Parameter

GSWD Temperature of tundish molten steel KMLL Water flow of mold width surface
GRD Overheating of molten steel KMWD Outlet temperature of mold width surface

LS Pulling rate ZMYL Water pressure of mold narrow surface
ZDPL Vibration frequency of mold ZMLL Water flow of mold narrow surface
ZDFZ Vibration amplitude of mold ZMWD Outlet temperature of mold narrow surface

CDGYL Average pressure of 18 drive rollers ELSLL Average flow of 18 second cold water loops
JJQYW Mold liquid level ELSYL Average pressure of 18 second cold water loops
KMYL Water pressure of mold width surface - -

2.2. Data Pre-Processing

The Pauta criterion was used to detect outliers in large monitoring data sets [18]. In this paper, the
Pauta criterion was used to detect outliers in the data. The detected outliers were changed to values
nearby so as not to damage the sequence of the data.

Assuming that all data were measured with the same precision and in order to obtain x1, x2, . . . ,
xn, the arithmetic mean x and the residual error vi = xi – x (i = 1, 2, . . . , n) were calculated. In addition,
the standard error σ was calculated using the Bessel formula. If a residual error vb of a measured value
xb satisfied Equation (2):

|vb| = |xb − x| > 3σ (2)

then xb was an outlier, which contained a larger error, and thus, this value was replaced with the next
value adjacent to it.

3. Dimension Reduction of Streaming Data from Multi-Source Information

3.1. Standardization of Continuous Casting Process Parameters

The continuous casting process is a complex continuous phase transition process. There are many
links which affect the quality of the casting billet and there are many collected production process
parameters. Therefore, the analysis of the data is particularly important. Analysis revealed that each
process parameter could be a dimension of the data samples. The predicted roll gap of data was seen
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as a label, a group of N-dimensional process parameters was seen as an input vector xi, xi ∈ �N×1,
and another adjacent group of process parameters was seen as the second set of the input vector xi+1.

The unit and magnitude of the input parameters were different. Thus, the data were standardized
in order to produce data in the same range for analysis under the condition of mutual equality. A linear
transformation of raw data was performed to standardize the data; this mapped the result to [0, 1],
according to:

xim∗ =
xim − xmin

xmax − xmin
(3)

where xim was the m-dimensional process parameters of any group of input vector, xim* was the
standardization of xim, xmax was the maximum of the sample data, and xmin was the minimum of the
sample data.

3.2. Dimension Reduction of Continuous Casting Process Parameters

In this paper, in order to obtain a highly responsive roll gap value prediction model for the
continuous casting caster segment, dimension reduction of the continuous casting process parameters
was considered; this would reduce the operation time and the complexity of the algorithm.

The principal component contribution rate method was used to determine the number of
parameters [19]. The variance contribution ratio and summation variance contribution ratio of each
parameter is shown in Table 2.

Table 2. Variance contribution ratio of each parameter.

NO. Feature Variance Contribution Ratio (%) Summation Variance Contribution Ratio (%)

1 4.79 36.97 36.97
2 3.43 32.85 69.82
3 1.76 14.74 84.56
4 1.24 5.25 89.81
5 1.01 4.74 93.55
6 0.903 3.02 96.57
7 0.605 1.92 98.49
8 0.455 0.43 98.92
9 0.350 0.32 99.24
10 0.203 0.21 99.45
11 0.113 0.15 99.6
12 0.058 0.12 99.72
13 0.044 0.1 99.82
14 0.030 0.09 99.91
15 0.008 0.09 100.00

Table 2 shows that the cumulative variance contribution ratio of the first six parameters was
greater than 95%. Thus, the raw data could be fully captured with six parameters.

Figure 3 shows the classification results of principal component analysis (PCA), each color
represents a principal component, there are six colors in Figure 3, representing six principal components.
PCA demonstrated the effect of the dimensionality specification. The PCA results demonstrated that
the data was reduced from 15 dimensions to 6.
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Figure 3. Dimensionality reduction results of Principal Component Analysis (PCA).

4. Establishing a Roll Gap Value Prediction Model from Multi-Source Information

4.1. PSO-SVM Model

SVM can not only solve the classification problem, but can also solve the regression problem;
the basic model is the largest linear classifier defined in the feature space. SVM aims to achieve a
distinction between samples by constructing a hyperplane for classification so that the sorting interval
between the samples is maximized and the sample to the hyperplane distance is minimized.

Set a training data set for a feature space D = {(x1, y1), (x2, y2), . . . , (xm, ym)}, xi ∈ χ = �n,
yi ∈ y = {+1,−1}, i = 1, 2, . . . , N, where xi is the i-th feature vector, yi is the class tag of xi.

The corresponding equation of the classification hyperplane was

h(x) = ω · x + b (4)

where x was the input vector, ω was the weight, and b was the offset.
The classification decision function was

Sign (h(x)) (5)

{
h(x) > 0, yi = 1
h(x) < 0, yi = −1

(6)

The support vector machine was implemented to find the ω and b when the interval between
the separation hyperplane and the nearest sample point was maximized. When the training set was
linearly separable, the sample points belonging to different classes could be separated by one or several
straight lines with the largest interval. The maximum interval was solved by the following formula:

maxγi = yi(
ω

‖ω‖ · xi +
b

‖ω‖ ) (7)

s.t.yi(
ω

‖ω‖ · xi +
b

‖ω‖ ) ≥ γ, i = 1, 2, . . . , N (8)

where γ is the geometric interval.
Thus, we could obtain the linear separable support vector machine optimization problem.

min
ω,b

1
2
‖ω‖2 (9)

s.t.yi(ω · xi + b)− 1 ≥ 0, i = 1, 2, . . . , N (10)

In the actual data set, there were many specific points, making the data set linearly inseparable;
in order to solve this problem, we introduced a slack variable for each sample point ξi ≥ 0, so that

yi(ω · xi + b) ≥ 1 − ξi (11)
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for each slack variable ξi, pay a price ξi, and the optimization problem becomes

1
2
‖ω‖2 + C

N

∑
i=1

ξi (12)

where C > 0 is the penalty factor.
Most of the data in the actual data were linearly inseparable. Therefore, these data could be

mapped to a high-dimensional feature space through non-linear mapping, letting the non-linear
problem be transformed into a linear problem. The linear indivisible problem was transformed into a
linear separable problem.

Introduce kernel functions:
K(xi, xj) = ϕ(xi) ·ϕ(xj) (13)

where the value of the kernel equaled the inner product of two vectors, xi and xj.
At this point, we obtained

W(α) =
1
2

N

∑
i=1

N

∑
j=1

αiαjyiyjK(xi, xj)−
N

∑
i=1

αi (14)

where αi ≥ 0, i = 1, 2, . . . , N was the Lagrangian multiplier and N was the number of samples.
In this paper, the radial basis function (RBF) was chosen as the SVR kernel function, and the

expression was

K(xi, x) = exp(
−‖xi − x‖2

2g2 ) (15)

where g was the kernel function coefficient.
At this point, the classification function became

f (x) = sign[
N

∑
i=1

αiyi exp(
−‖xi − x‖2

2g2 ) + b] (16)

In the SVM model, training data on the cost function and the constraint condition were known.
Only the penalty factor C and the kernel function parameter g could be adjusted. When the input
sample points are wrongly divided, the impact of this error can be adjusted by C; this highlights the
important effect of the misclassification of sample points. The kernel function parameter g represents
the kernel function parameter γ, k in the g represents the number of attributes in the input data. Thus,
the hit rate of the roll gap value prediction model is governed by these two parameters [20–29].

PSO, also referred to as the particle swarm optimization algorithm or bird flock foraging algorithm,
is a type of evolutionary algorithm (EA). Starting from the random solution, the optimal solution
is found through iteration, and the quality of the solution is evaluated through fitness. However,
the PSO algorithm rule is simpler. It searches for the global optimum by following the current optimal
value. This algorithm is easy to implement, has high-precision and fast-convergence, and is suitable
for solving practical problems.

PSO was used to optimize the penalty factor parameter C and kernel function parameter g in the
SVM. Cross-validation of the prediction results were performed to obtain the optimal C and g so as to
optimize the SVM prediction results.

Assuming that C and g are in a D-dimension target-searching space, a group was composed of
m particles. The position of the i-th particle represented vector ci = (ci1, ci2, . . . , ciD), i = 1, 2, . . . , m,
whose speed was also a D-dimension vector, gi = (gi1, gi2, . . . , giD). The optimal location that the
i-th particle had searched so far was Pi = (Pi1, Pi2, . . . , PiD). The optimal position in which the
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whole particle swarm had searched was Pk = (Pk1, Pk2, . . . , PkD). The particle updating equation was
as follows:

gid(t + 1) = gid(t) + h1r1(Pid − cid(t)) + h2r2(Pkd − cid(t)) (17)

cid(t + 1) = cid(t) + gid(t + 1) (18)

while gid > Gmax, gid = Gmax;
while gid < −Gmax, gid = −Gmax.

In the formula, i = 1, 2, . . . , m; d = 1, 2, . . . , D. h1 and h2 were non-negative constants, r1 and r2

were uniform distribution random numbers within the range of [0, 1], cid(t) was the current position of
the i-th particle, t is the current moment, Pid was the optimal location that the i-th particle had searched
so far, and gid was the current speed of the i-th particle. gid ∈ [−Gmax, Gmax], Gmax, the maximum
limit speed, was a negative number.

4.2. Establishing the PSO-Roll Gap Value Prediction

This section reports the process for establishing the PSO-SVM model. The SVM algorithm was
used to establish the roll gap value prediction (RGVP) model of streaming data from multi-source
information, as shown in Figures 4 and 5. Six types of continuous casting process parameters comprised
the input data, k(x1, x); k(x2, x); . . . ; k(xN , x) were the kernel functions of the SVM, and the roll gap
value was the output data.

x1 x2 x3
... xN

k(x1,x) k(x2,x) k(xN,x)

f

...

Roll gap parameter

GSWD GRD LS CDGYL

Figure 4. Roll gap value prediction model of streaming data from multi-source information. f is the
output of the model.

Input

Normalized

PCA

SVM

Roll gap

GSWD, GRD, LS, ZDPL, ZDFZ, CDGYL, JJQYW, KMYL,KMLL, KMWD, 
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GSWD, GRD, LS, ZDPL, ZDFZ, CDGYL

Establishment of the roll gap value prediction model of streaming 
data from multi-source information

 
Figure 5. Common computational architecture of roll gap value prediction model.
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In order to enhance the accuracy of the roll gap value prediction model, PSO was used to optimize
the parameters of the PSO-RGVP.

The specific steps of the PSO-RGVP were as follows:

Step 1: Pre-processing of process parameter data to obtain 15 types of process parameters.
Step 2: Standardization of process parameter data and feature reduction to obtain six types

of parameters.
Step 3: Determination of the scope of C and g by PSO.
Step 4. Testing of model parameters using the method of cross validation to obtain the optimal C

and g.
Step 5: Establishment of the roll gap value prediction model of streaming data from

multi-source information.
Step6: Prediction of the results.

5. Experiments and Results

This section presents the results of the PSO-RGVP model and compares these results to the
traditional numerical heat transfer metallurgical model; MATLAB was used to perform the experiment.
This section is divided into two parts. The first was the establishment and training of the model
using historical data; the second was the prediction of the test sample. Two thousand sets of process
parameter data from continuous casting were collected to establish and train the model. In addition,
another 500 sets of data were collected to carry out the forecast test. The experiment results are shown
in Table 3.

Table 3. Results of establishment and training of the model experiment.

Parameter Optimization Results Training Time Mean Square Deviation

C = 0.1; g = 0.1 304.8 s 97.5%

Figure 6 presents the parameter optimization results of the PSO-RGVP. When the termination
generation was 100 and the population number was 20 in the PSO-RGVP, it could be concluded that
the optimal penalty factor C = 0.1 and g = 0.1.

Figure 6. Parameter optimization results of PSO.

After predicting 500 sets of process parameter data that were collected with the PSO-RGVP,
the predicted roll gap value was compared with the actual roll gap value, as shown in Figure 7.
Relative error of prediction of the PSO-RGVP is shown in Figure 8.
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Figure 7. Prediction results of PSO-RGVP.

Figure 8. Relative error of prediction of the PSO-RGVP.

The PSO-RGVP is a new way to predict the value of roll gap. The maximum relative error between
the predictive value and the actual value of the method proposed in this paper was 2.5%, and the
prediction accuracy was 97.5%.

6. Industrial Application

This section reports the actual application of the PSO-RGVP. Modular design was used in the
system; the modular structure is shown below in Figure 9.

 
Figure 9. System modular structure diagram.

The test system had two main modules: The prediction model module and the main application
program. Data interaction in the prediction model was achieved with the main application program;
the program was structured and clearly defined in Figure 9.

A brief operational flow chart of the test system is shown in the following diagram (Figure 10).
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Figure 10. Test system calculation process.

As shown in Figure 10, after initializing the model, the system first acquired the real-time process
parameters and filtered for correctness of the process parameters. Through the identification of
real-time data, the system obtained the status of the continuous casting machine at the time and
decided whether to carry out the roll gap adjustment strategy. Through the identification of the type
of steel, the system read the total rolling reduction, the rolling interval, the rolling distribution, etc.
The prediction model was used to obtain the roll gap prediction value, which was then released.

The prediction data was imported into the test system for trial production, then casting was
performed and the quality of the slab was observed.

In order to verify the application of the model, the center segregation and center porosity of the
slab, before and after use of the model, were analyzed by macroscopic examination. In particular,
the continuous casting machine was compared before and after use of the model for the production
of steel for Q235; the section size was 230 × 1350, the cast speed was 1.30 m/min, and the total
reduction was 4 mm. The results of macroscopic examination were determined according to Chinese
metallurgical standards. The results are reported in Table 4 and in Figures 11 and 12.

Table 4. Comparison of quality rating.

Serial Number
Section Size
(mm × mm)

Centre
Segregation

Centre
Porosity

Intermediate
Cracks

Triangle Area
Cracks

Without proposed model 230 × 1350 B1.0 2.0 1.5 1.5
Proposed model 230 × 1350 C0.5 1.0 1.0 0.5
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Figure 11. Macrosegregation examination of results of the proposed model.

 

Figure 12. Macrosegregation examination of the results of the traditional method.

Figures 11 and 12 show the macrosegregation examination of the two methods: The proposed
model and the traditional method. The macrosegregation sample was cut from the continuous
casting slab. After polishing and pickling the surface, it was photographed under a low-power
microscope. This was the main approach used to check the internal quality of a slab. It was obvious
that under the same production conditions, the slab produced under the proposed model only had
very few intermediate cracks; the quality rating of center segregation was C0.5; center porosity was 1.0;
intermediate cracks was 1.0; triangle area cracks was 0.5. According to the quality of the intermediate
cracks produced by the proposed model, the center segregation and center porosity in the slab were
greatly reduced. After using the proposed model, the center segregation and center porosity in the
slab were greatly reduced. In addition, the proposed model greatly reduced the labor intensity and
maintenance time and improved the maintenance efficiency for production.

The results indicate that the roll gap prediction model proposed in this paper has a short
computational time, can accurately predict the roll gap, and allows for real-time prediction and
adjustment during production. The findings from the industrial application of this model demonstrate
its accuracy. Thus, the roll gap value prediction efficiency is greatly increased in the proposed
model. In this study, 2000 sets of data were collected to establish and train the model. In addition,
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another 500 sets of data were collected to carry out the forecast test. The prediction accuracy was 97.5%.
This showed that the PSO-RGVP was superior for prediction of the roll gap value.

7. Conclusions

In this paper, a new prediction approach, PSO-RGVP, was proposed. Multi-source information
process parameters from the continuous casting process were excavated and analyzed, and PSO was
used for global optimization of an adaptive prediction model for the roll gap value of the caster
segment; SVM was used for the prediction of the roll gap. This method takes into account the mutual
influence and restriction of the multi-source information process parameters in the actual production
process; the model parameters were obtained quickly and accurately, and adaptive prediction of the
roll gap value was achieved. The experimental results confirmed the efficiency of the PSO-RGVP,
because actual data was used. PSO-RGVP provides a new approach for the prediction of the roll
gap value.
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Abstract: A combined hybrid 3-D/2-D simulation model was developed to investigate the flow
and solidification phenomena in turbulent flow and laminar flow regions during slab continuous
casting (CC). The 3-D coupling model and 2-D slicing model were applied to the turbulent flow
and laminar flow regions, respectively. In the simulation model, the uneven distribution of cooling
water in the width direction of the strand was taken into account according to the nozzle collocation
of secondary cooling zones. The results from the 3-D turbulent flow region show that the impact
effect of the molten steel jet on the formation of a solidification shell is significant. The impact point
is 457 mm below the meniscus, and the plug flow is formed 2442 mm below the meniscus. In the
laminar flow region, grid independence tests indicate that the grids with a cell size of 10 × 10 mm2

are sufficient in simulations to attain the precise temperature distribution and solidification profile.
The liquid core of the strand is not entirely uniform, and the solidification profile agrees well with the
integrated distribution of cooling water in secondary cooling zones. The final solidification points are
at a position of 400–500 mm in the width direction and are 17.66 m away from the meniscus.

Keywords: slab continuous casting; hybrid simulation model; uneven secondary cooling

1. Introduction

Continuous casting (CC) technology has become the primary method of producing steel strands
in the steelmaking industry. During the CC process, the molten steel is continuously fed into the
water-cooled mold through a submerged entry nozzle (SEN) and a solidified shell of sufficient thickness
is formed. Subsequently, the strand is pulled into the secondary cooling zones and cooled by water
spray or air-mist spray in order to solidify completely. The strand quality, particularly regarding
surface and inner cracks, is closely related to the turbulent flow and the heat transfer during the
solidification involved in a CC process [1–5]. This is particularly true given that, in the slab CC
process, the solidification profile of the slab transverse section—which closely relates to the integrated
distribution of cooling water in secondary cooling zones—is not entirely uniform [6–8]. This effect on
centerline segregation is significant [7,9,10].

To date, both a two-dimensional (2-D) slicing model and three-dimensional (3-D) coupling model
are widely used to predict the flow and solidification phenomena during the CC process. Owing to the
high calculation efficiency, the 2-D slicing model is widely used to predict the temperature distribution
and solidification profile during the CC process [7,10–12]. The calculation efficiency of the 2-D slicing
model is improved by using an effective thermal conductivity concept to indirectly take the flow effect
into account. However, the 2-D slicing model assumes that the solidification shell is a heat-transfer
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slice which moves from the meniscus to the solidification end. Evidently, the effect of turbulent flow
on temperature distribution and the solidification shell is not directly considered in the 2-D slicing
model. In fact, especially for slab the CC process, the molten steel jet which impacts the narrow face
has a significant effect on the temperature distribution and solidification shell [13]. Hence, to consider
the effect of turbulent flow, the 3-D coupling model has been applied during the CC process [13–17].
Compared with the 2-D slicing model, the computational domain is much larger. Thereby, the amount
of calculation is very large. Furthermore, the integrated distribution of cooling water in the width
directions of secondary cooling zones is not considered in the previous 3-D calculations [13,17].
This simple treatment of the heat transfer condition would evidently affect the accurate prediction
of the solidification profile. Recently, Sun et al. [18] proposed a method to divide the computational
domain of the CC bloom to improve the calculation efficiency. However, in that simulation model,
the grid independence tests were not carried out and the heat transfer coefficient was assumed to be
constant around the strand transverse section. Moreover, compared with the bloom, the heat transfer
boundary of the CC slab is more complex. In the width direction, the distribution of the cooling water
is not entirely uniform. Thus far, the combined hybrid 3-D/2-D numerical model has not been used in
the simulation of a slab CC process.

In the present work, to simultaneously consider the effect of turbulent flow and improve
calculation efficiency, a combined hybrid 3-D/2-D numerical model was established and used to
explore the transport phenomena during the slab CC process. The 3-D coupling model and 2-D slicing
model were adopted in the turbulent flow region and laminar flow region, respectively. The effects of
flow in the turbulent region on the temperature distribution and the location of the final solidification
point are considered by the data of the interface in the 3-D turbulent flow region. These are transmitted
to the 2-D slice as the initial conditions. The grid independence tests were carried out to find a suitable
mesh cell size. This was then adopted in the simulation of the laminar flow region. In the present
model, the distribution of cooling water in the width direction was taken into account.

2. Model Description

2.1. Mathematical Formulation

The continuity equation is
∂ρ

∂t
+

∂(ρui)

∂xi
= 0 (1)

The momentum equation is

∂(ρui)

∂t
+

∂
(
ρuiuj

)
∂xj

= − ∂P
∂xi

+
∂

∂xi

[
μeff

(
∂ui
∂xj

+
∂uj

∂xi

)]
+ ρgi + Si,mom (2)

μeff = μ+ μt = μ+ cμρ
k2

ε
(3)

and

Si,mom =
(1 − fL)

2(
f 3
L + 0.01

) Amushy
(
ui − vi,p

)
(4)

fL =

⎧⎪⎨
⎪⎩

0 T < TSolidus
T−Tsolidus

TLiquidus−TSolidus
TSolidus < T < TLiquidus

1 T > TLiquidus

(5)

where ρ, t, ui, uj, μeff, P, gi, fL, Amushy, vi,p, T, TSolidus, and TLiquidus are molten steel density (kg/m3),
time (s), i-component of velocity (m/s), j-component of velocity (m/s), effective viscosity (kg·m−1·s−1),
pressure (N/m2), i-component of acceleration due to gravity (m/s2), liquid fraction, morphology
constant, i-component of casting speed (m/s), temperature (K), solidus temperature (K), and liquidus
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temperature (K), respectively. The value of Amushy is usually between 105 and 108 in the numerical
modelling of CC processes. In addition, the higher the value of Amushy, the steeper the transition of the
velocity of the material to zero as it solidifies. Values between 104 and 107 are recommended for most
computations (based on the user’s guide of Ansys Fluent 14.0). Based on these two things, the value of
Amushy was set to 107 in the present work.

Standard k-ε equations are

∂(ρk)
∂t

+
∂(ρkui)

∂xi
=

∂

∂xi

(
μt
σk

∂k
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+ G − ρε+ Sk (6)
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∂ui
∂xj

+
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∂xi

)
(8)
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f 3
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) Amushyk (9)

Sε =
(1 − fL)

2(
f 3
L + 0.01

) Amushyε (10)

where G, k, ε, μ, and μt are the generation of turbulence kinetic energy (kg·m−1·s−3), turbulent kinetic
energy (m2/s2), dissipation rate of turbulence energy (m2/s3), molecular viscosity (kg·m−1·s−1),
and turbulent viscosity (kg·m−1·s−1), respectively. The standard values of σk, σε, c1, c2, and cμ
recommended by Launder and Spalding are 1.0, 1.3, 1.44, 1.92, and 0.09, respectively.

The energy equation is

∂(ρH)

∂t
+

∂(ρui H)

∂xi
=

∂

∂xi

[(
λ+

cpμt

Prt

)
∂T
∂xi

]
(11)

where

H = h + ΔH = href +
∫ T

Tref

cpdT + fLL (12)

where H, Prt, h, L, λ, and cp, are enthalpy (J/kg), turbulent Prandtl number, sensible enthalpy (J/kg),
pure solvent melting heat (J/kg), thermal conductivity (W·m−1·K−1), and specific heat (J·kg−1·K−1),
respectively. The value of Prt was set to 0.85 (based on the theory guide of Ansys Fluent 14.0).
More details about the mathematical formulation are available in reference [14].

2.2. Computational Domain

According to the geometric symmetry, the strand was assumed to be ideally symmetrical and
a quarter of the strand was selected to be calculated. The geometry and working parameters of the
CC process are listed in Table 1. The whole 3-D computational domain (1530 × 190 × 20,362 mm3) is
very large. If the coupled model is adopted in it directly, the cost of computation will be very large.
To cut down the great amount of calculation and improve the calculation efficiency, the computational
domain is suitably divided into two parts, the 3-D turbulence region and the 2-D laminar flow region.
The division method is illustrated in Figure 1. When the z-component velocity of molten steel is equal
to the casting speed, the plug flow is formed. This means that the local molten steel and shell are
in a relatively static status. That is, the first transverse section of the strand—where z-component
velocities equal to the casting speed—is the interface between the turbulent flow region and laminar
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flow region. The data of the interface in the 3-D turbulent flow region are transmitted to the initial 2-D
slice in the laminar flow region using a coordinate interpolation algorithm.

Table 1. The geometry and working parameters of the CC (continuous casting) process.

Parameters Values Secondary Cooling Length (mm)
Cooling Water

Flow Rate (L/min)

Mold section 1530 × 190 mm2 Zone 1 405 155
Mold length 800 mm Zone 2 555 84

Inside size of SEN 86 × 45 mm2 Zone 3 800 54
Outside size of SEN 141 × 100 mm2 Zone 4 1730 65

Port size of SEN 45 × 73 mm2 Zone 5 1927 52
Port angle −15 degrees Zone 6 3854 86

Casting speed 1.2 m/min Zone 7 5806 86
Casting temperature 1811 K Zone 8 4485 59

Steel grade Q345 - - -

Figure 1. Illustration of 3-D turbulent flow and 2-D laminar flow regions during the CC (continuous
casting) process.

In order to find out the interface between the 3-D turbulent flow region and the 2-D laminar
region, a computational domain with a size of 1530 × 190 × 3250 mm3 was built and calculated.
The position of this interface can be obtained by analyzing the z-component velocity variation of
molten steel at the central symmetry plane of strand narrow face. The meshes created by ANSYS ICEM
CFD 14.0 and adopted in 3-D turbulent flow region and 2-D laminar flow region are shown in Figure 2.
The number of elements for the meshes of the 3-D part and 2-D part are 517,793 and 770, respectively.

Figure 2. Meshes adopted in the (a) 3-D turbulent flow region and (b) 2-D laminar flow region.
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2.3. Boundary Conditions and Physical Properties

The inlet velocity of SEN was calculated based on mass conservation. The k and ε values were
estimated using the semi-empirical relations. The values of these parameters are vin = 1.502 m/s,
k = 0.003 m2/s2, ε = 0.0134 m2/s3, and T = 1811 K. The boundary condition of the outlet in the 3-D
part was set as ‘outflow’. The wall condition was employed on the meniscus without heat transfer.

The wall condition was employed on the strand surface. The heat flux of the mold surface was
calculated using Equation (13) [19].

qm = 2, 680, 000 − 276, 000 ×
√

60Lz

vc
(13)

where Lz and vc are the distance from the meniscus (m) and the casting speed (m/min), respectively.
In the secondary cooling zone, the cooling types include four aspects: water spray cooling,

radiation cooling, water evaporation cooling, and roll contact cooling. In the present work, four aspects
of cooling types have been considered. First, we determined the heat conditions for different cooling
types with the same method described in our publications [7,9]. The heat flux for the water spray
cooling region was calculated using Equation (14). More detailed descriptions about the other three
cooling types in the secondary cooling zone are available in our publications [7,9]. Then, to simplify
this heat transfer process, we use the integrated heat transfer coefficient (in which the four cooling
types have been taken into account) to describe the heat transfer process.

qs = h(Tw − T0) =
(

2950.190 × T−0.235
w × w0.805

)
(Tw − T0) (14)

where w, Tw, and T0 are the spray water impingement density (L·m−2·s−1), slab surface, and water
temperature, respectively.

Due to the existence of spray water overlap, the distribution of spray water for each row of
nozzles along the width direction should be identified based on the nozzle collocation, as shown
in Figure 3a. More details about this technique are available in our publication [7]. According to
the nozzle collocation of secondary cooling zones, the integrated distribution of cooling water from
Zone 1 to Zone 8 is obtained, as shown in Figure 3b. In order to deal with the heat transfer condition
conveniently, the strand surface in the width direction is divided into 26 pieces (sections No. 1 to
No. 25 being 30 mm wide and section No. 26 being 15 mm wide) for heat transfer. The cooling
water sprayed onto each piece is determined based on the nozzle collocation of each cooling zone.
The cooling water on each piece is supposed to be uniformly distributed.

The physical properties of steel Q345 used in the calculation are listed in Table 2.

Figure 3. (a) Schematic of nozzle collocation; (b) integrated distribution of cooling water from Zone 1
to Zone 8.
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Table 2. Physical properties of steel Q345.

Physical Properties Values Physical Properties Values

Density, kg/m3 7330 Viscosity, kg·(m·s)−1 0.0062
Specific heat, J (kg·K)−1 319.59 + 0.1934 × T (K) Thermal conductivity, W (m·K)−1 57.524 − 0.0164 × T (K)

Liquidus, K 1786 Solidus, K 1715
Latent heat, J/kg 255,500 - -

2.4. Solution Procedure

The coupled calculation model was solved using the SIMPLE method with ANSYS Fluent 14.0.
For both the 3-D turbulent flow region and the 2-D laminar flow region, the time step size was set to
0.05 s. Based on the relations between the length of model and casting speed, the total number of time
steps for 3-D turbulent flow region and 2-D laminar flow region were 3500 and 17,802, respectively.
The calculation was performed on a computer with a 3.50-GHz Intel Core i7-3770k processor and
16.0-GB RAM. For each time step, the tolerances of continuity, x-velocity, y-velocity, z-velocity, k, ε,
and energy were set as 0.001, 0.001, 0.001, 0.001, 0.001, 0.001, and 1 × 10−6, respectively.

3. Results and Discussion

3.1. Flow and Solidification Phenomena in the Turbulent Flow Region

Figure 4a shows the melt flow pattern in the turbulent flow region. It is seen that the molten steel
jet flows through the port of SEN and impacts on the narrow face of the mold. The molten steel jet is
divided into two parts at the impact point and forms upper and lower recirculation vortexes. The fresh
molten steel with higher temperature is brought to the impact point, where the solidification shell is
remelting. The remelting phenomenon of the solidification shell is shown in Figure 4b. It is obvious
that the impact effect of the molten steel jet on the formation of the solidification shell near the impact
point is remarkable.

Figure 4. (a) Flow field in the turbulent flow region; (b) liquid fraction on the different transverse sections.
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The impact point of the jet on the narrow face is obtained from Figure 5a,b. At the impact point,
the z-component of velocity is equal to zero and the velocity magnitude reaches a valley value. In the
present case, the impact point is at the position 457 mm below the meniscus. In order to find the
interface between the turbulent flow region and the laminar flow region, the z-component of velocities
of characteristic lines at the central symmetry plane of the strand narrow face were investigated.
From Figure 5c, it can be seen that the z-component of the molten steel velocity is equal to the casting
speed when arriving at the location 2442 mm below the meniscus, where it is roughly placed at the
end of secondary cooling Zone 3.

To deal with the heat transfer condition for each secondary cooling zone separately, the transverse
section at the end of secondary cooling Zone 3 (2560 mm below meniscus) is selected as the interface
between the turbulent flow region and laminar flow region. Therefore, the 2-D slicing model is adopted
in the laminar flow region from Zone 4 to Zone 8.

 

Figure 5. (a) z-component of velocity and (b) velocity magnitude variation of the line with 10 mm from
the narrow face at the central symmetry plane. (c) z-component of the velocity variation of different
lines at the central symmetry plane of the strand narrow face.

3.2. Grid Independence Tests for the Laminar Flow Region

To begin with, grid sizes for the laminar flow region have been carefully chosen to ensure
the grid independence solution. As seen in the results of the grid independence tests shown in
Figure 6, relatively larger differences exist in the solidification profile and temperature extreme in the
transverse section (17.56 m from the meniscus) with different cell sizes. It is obvious that the cell size
25 × 25 mm2, as shown in Figure 6a, is too large for this case to precisely predict the solidification
profile and temperature distribution. The solidification profile does not correspond with the integrated
distribution of cooling water in secondary cooling zones (shown in Figure 3). Also, the lowest
temperature is higher than the other cases. In comparing Figure 6b,c, where the cell size decreases
from 15 × 15 mm2 to 10 × 10 mm2, there is a similar solidification profile which is corresponding
with the integrated distribution of cooling water in the width direction of strand. The maximum and
minimum temperatures in the case where the cell size is 15 × 15 mm2 are very close to those in the
case where the cell size is 10 × 10 mm2. When the cell size reduces from 10 × 10 mm2 to 5 × 5 mm2,
as shown in Figure 6d, the temperature extreme of 1181 K to 1733 K shows little change compared with
that using grids with a cell size of 10 × 10 mm2. Thereby, in the present simulation, the grids with cell
size 10 × 10 mm2 are sufficient to obtain the precise temperature distribution and solidification profile.
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Figure 6. Solidification profile and temperature field in the transverse section (17.56 m from the
meniscus) with different cell sizes: (a) 25 × 25 mm2, (b) 15 × 15 mm2, (c) 10 × 10 mm2, (d) 5 × 5 mm2.

3.3. Temperature Field and Solidification Profile

The slab center and wide surface center temperature along the casting direction predicted by
the present model are compared to that predicted by our previous model, which is proven and
widely employed in temperature prediction during the CC process. As the results show in Figure 7,
the temperature predicted by the present model agrees well with that of the models by Long et al. [7]
and Long and Chen [9]. The slab center temperature, as shown in Figure 7a, decreases slowly before
complete solidification. However, after complete solidification, the slab center temperature decreases
sharply. This is because there is no latent heat to maintain the temperature when the local region
solidifies completely. The wide surface center temperature is shown in Figure 7b. Due to the strong
cooling of the mold, the surface temperature decreases radically, and then recalesces when the strand
is pulled out of the mold. In the secondary cooling zone, the surface temperature decreases gradually.

Figure 7. (a) Slab center and (b) wide surface center temperature along the casting direction.
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The temperature distribution in transverse sections with different distances from the meniscus
(as shown in Figure 8a) have a similar profile. The temperature decreases as the distance from the
meniscus increases. Figure 8b shows the solidification profile evolution process during continuous
casting. It is obvious that the liquid core of the strand is not entirely uniform. At the local region of the
strand in the width direction, from roughly 400 to 500 mm, the molten steel solidifies completely owing
to the minimum amount of the cooling water sprayed on it in the secondary cooling zone. The final
solidification points (another one in the other half of the geometry) are 17.66 m away from the meniscus.
Moreover, at the position about 150 mm in width direction, the molten steel solidifies completely a little
earlier than that at the region from 400 to 500 mm. The reason is that the amount of cooling water at the
former position is a little more than that at the region from 400 to 500 mm. This results from the valley
of the distribution curve being very narrow at the position of about 150 mm, although the proportion
of cooling water is slightly lower than that at the region from 400 to 500 mm. The solidification profile
agrees well with the integrated distribution of cooling water in the secondary cooling zones.

Figure 8. (a) Temperature field and (b) solidification profile in transverse sections with different
distances from the meniscus.

4. Conclusions

A combined hybrid 3-D/2-D simulation model with a high calculation efficiency has been
developed to investigate the flow and solidification behaviors during the slab CC process. The main
conclusions are summarized as follows:

(1) The impact effect caused by the molten steel jet on the formation of a solidification shell is
significant. The impact point is at the position 457 mm below the meniscus, and the plug flow is
formed 2442 mm below the meniscus.

(2) For the simulation of the laminar flow region, the grids with a cell size of 10 × 10 mm2 are
sufficient to attain a precise temperature distribution and solidification profile.

(3) The solidification profile of the strand is not entirely uniform. The final solidification points,
roughly being at the position from 400–500 mm in the width direction, are 17.66 m away from
the meniscus.
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Abstract: The effect of a new cylindrical swirling flow tundish design on the multiphase flow and
heat transfer in a mold was studied. The RSM (Reynolds stress model) and the VOF (volume of
fluid) model were used to solve the steel and slag flow phenomena. The effect of the swirling flow
tundish design on the temperature distribution and inclusion motion was also studied. The results
show that the new tundish design significantly changed the flow behavior in the mold, compared to
a conventional tundish casting. Specifically, the deep impingement jet from the SEN (Submerged
Entry Nozzle) outlet disappeared in the mold, and steel with a high temperature moved towards
the solidified shell due to the swirling flow effect. Steel flow velocity in the top of the mold was
increased. A large velocity in the vicinity of the solidified shell was obtained. Furthermore, the
risk of the slag entrainment in the mold was also estimated. With the swirling flow tundish casting,
the temperature distribution became more uniform, and the dissipation of the steel superheat was
accelerated. In addition, inclusion trajectories in the mold also changed, which tend to stay at the top
of the mold for a time. A future study is still required to further optimize the steel flow in mold.

Keywords: swirling flow tundish; multiphase flow; heat transfer; mold; continuous casting

1. Introduction

The mold is the final stage during the continuous casting process of steel, where the solidification
of the molten steel occurs. Multiphase flow, heat and mass transfer, slag entrainment, inclusion and
bubble entrapment, inclusion removal, and solidification are very important multiphysics concerns in
the continuous casting process. This is due to the fact that these issues can significantly influence the
quality of the semifinal steel product. As a matter of the first importance, a desirable steel flow in mold
is wanted, since the other physical phenomena are directly affected by the steel flow inside the mold.

Direct investigations of the flow phenomena in a mold face significant challenges, due to the high
temperature and high cost. Therefore, as an initial step to further improve the steel flow performance
in a mold, numerical and physical modeling has become a common way to study the multiphase
flow phenomena under various conditions. Specifically, some factors that may affect the mold flow,
such as the SEN (Submerged Entry Nozzle) type (straight or bifurcated) [1,2], SEN port design (shape,
angle, thickness) [3–10], argon bubbles [11–23], SEN immersion depth [3,4,6,24], nozzle clogging [25],
mold flow modifier [26], EMBr (electromagnetic braking) [13,14,20–24,27–30] and M-EMS (mold
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electromagnetic stirring) [8–10,31], have been vastly investigated. Further improvements of the steel
flow performance simply based on the parameter optimization become difficult. Therefore, in recent
years, EMBr and M-EMS are widely applied to improve the steel flow performance in mold. It was
found that EMBr can reduce the flow variation [23], suppress the flow velocity [20,30], increase the
temperature near meniscus [14,29], decrease the temperature difference in mold [20,29], and reduce
the impingement intensity near the narrow wall [29]. The use of M-EMS was found to contribute to a
uniform temperature distribution [10,31], a large floating up rate of inclusions [31,32], a homogeneous
solute distribution [10], a uniform solidified shell [10], and a high quality of the steel product [32].
However, their application relies on costly equipment, and also requires the consumption of electricity.
Furthermore, it is sometimes difficult to realize a good flow pattern in a mold, since the original
upstream flows from the SEN ports are unknown, due to flow fluctuations or biased flows. In addition,
the effects of EMBr are directly related to some factors, such as the intensity of the magnetic field,
the reciprocal position between the magnetic field and the acting region, the casting speed, the SEN
depth, and so on [24,30]. Also, for the M-EMS case, the meniscus velocity magnitude and the level
fluctuation height were found roughly linearly proportional to the applied current [33]. Therefore,
over-stirring or insufficient stirring should be avoided, which sometimes is difficult, due to the transient
steel flow in a real casting situation. Furthermore, it takes some time for the M-EMS to change the steel
flow from a single port SEN in a billet or bloom casting, due to the high momentum of the impingement
jet flow going deep into the mold. In summary, the performances of EMBr and M-EMS highly depend
on the SEN port flow situation and application parameters. This leads to some uncertainties of their
performances in applications.

An alternative way to optimize the mold flow is by a root measure to control the SEN outlet flow.
This is realized by using a swirling flow SEN, which aims to produce a rotational flow component to
optimize the SEN port flows, and afterwards, optimize the steel flow in a mold. The swirling flow
SEN and its influence on the mold flow have been vastly studied [34–46]. It was found that the heat
and mass transfer near the meniscus can be remarkably activated [34,38,40,42], and a uniform velocity
distribution can be obtained within a short distance from the SEN outlet [34,38,40]. Furthermore, the
penetration depth of the SEN outlet flow is remarkably decreased in a billet mold [34,42]. Industrial
trial results [39] show that the swirling flow SEN effectively improved the steel product quality and
reduced the clogging problem of the SEN side ports. Therefore, the swirling flow SEN has advantages
in the continuous casting process.

In the past, several methods were studied both experimentally and numerically to produce a
swirling flow inside a SEN. Specifically, a swirl blade method was investigated in many studies, where
a swirling flow was produced by installing a swirl blade inside the SEN. It is a cost-saving method,
and has been proved by plant trials [39] that it can improve the steel product quality. However, the
lifespan of the swirl blade and the inclusion attachment on its surface, which may lead to nozzle
clogging, restrict its application for longer casting times. Some studies have also been carried out to
investigate the electromagnetic stirring method [43–46]. The swirling flow is obtained by installing the
electromagnetic stirring equipment surrounding the SEN. Therefore, it is associated with an equipment
cost and an electricity cost, which increases the steel product cost. Recently, Ni et al. [47–49] proposed
a new method to produce a swirling flow in a SEN simply by using a cylindrical tundish design. It is a
simple and cost-saving method to realize a swirling flow in the SEN. Furthermore, its effectiveness has
been confirmed both by water model experiments, and also by numerical simulations [49]. However,
the steel flow characteristics in the mold with this new tundish design remains to be studied.

Previous studies about the influence of a swirling flow SEN on the mold flow commonly ignored
the top slag phase in the mold. The influence of a swirling flow SEN on the steel-slag interface
phenomena and the steel flow in the vicinity of the solidified shell should be further studied. Moreover,
swirling steel flows, produced from M-EMS and the swirling SEN, were mainly investigated by using
k-ε type of turbulence models. However, high-intensity swirling flows normally have anisotropic
turbulent fluctuations, and sometimes, a vortex core precession exists in this kind of flows [50]. A RSM
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(Reynolds Stress Model) which directly solves the anisotropic turbulent fluctuations shows better
performance, in general, compared to the RANS eddy-viscosity models [49,51–53]. Jakirlic et al. [53]
also found that a good ability to capture the stress anisotropy in the near-wall region is very important
to reproduce these types of flow. Therefore, the swirling steel flow in a cylindrical tundish design has
previously been solved by using RSM coupled with the Stress-Omega submodel, where the turbulent
boundary layer was also resolved with a very fine grid (y+ < 1) [49]. In this study, the characteristics of
the multiphase flow and heat transfer in a billet mold were studied during the casting process by using
the new swirling flow tundish design. The swirling flow velocity profile on a cross section of the SEN
obtained in the previous study [49] was used as the inlet flow condition for the mold flow solution
to save the computational time. The RSM coupled with the Stress-Omega submodel was thereafter
used to solve the flow in the mold, with a very fine grid near the solidified shell of y+ value around 1.
The VOF (volume of fluid) method was used to capture the steel-slag interface. The energy equation
was solved to study the temperature distribution in the mold, and a Lagrangian particle tracking
scheme was used to study the motions of non-metallic inclusions in the mold. The fluid flow, steel-slag
interface fluctuation, temperature distribution, and inclusion motion in the mold were investigated. In
addition, to show the change of the multiphysics in the mold, these characteristics were compared to
those in a conventional tundish casting without a swirling flow effect.

2. Model Description

2.1. Model Assumptions

A three-dimensional mathematical model has been developed to describe the steel-slag-inclusion
three-phase flow, and the temperature distribution in the mold. The model is based on the
following assumptions:

1. Steel and slag behave as an incompressible Newtonian fluids;
2. Solidification in the mold is not considered;
3. A constant molecular viscosity for steel and slag was assumed. This is due to that the maximum

temperature difference in the mold is only 30 K between 1788 K and 1818 K. The viscosity change
in this temperature range is not significant, and this can be seen from a previous study [10];

4. A constant steel and slag density was used. The temperature influence on the steel density change
was accounted for in the source term of the momentum equation;

5. The SEN wall was assumed to be a smooth wall;
6. Inclusions were assumed to be spherical.

2.2. Transport Equations

The conservation of a general variable φ within a finite control volume can be expressed as
a balance among the various processes, which tends to increase or decrease the variable values.
The conservation equations, e.g., continuity, volume fraction, momentum, turbulence equations, and
energy equation can be expressed by the following general equation [54]:

∂

∂t
(ρφ) +

∂

∂xi
(ρφui) =

∂

∂xi

(
Γφ

∂φ

∂xi

)
+ Sφ, (1)

where the first term on the left-hand side is the instantaneous change of φ with time, the second term
on the left-hand side represents the transport due to convection, the first term on the right-hand side
expresses the transport due to diffusion where Γφ is the diffusion coefficient with different values for
different turbulence models, or the effective thermal conductivity. Furthermore, the second term on
the right-hand side is the source term.
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2.3. Interface Tracking

In order to investigate the steel-slag interface fluctuation, the steel-slag interface must be properly
tracked. This is done by employing the VOF model [55], where a volume fraction equation for the slag
phase was solved. The sum of the slag phase fraction αslag and the steel phase fraction αsteel is equal to
1. In addition, one set of momentum and energy equation was solved to obtain the predicted flow field
in the mold. The mixed material properties in the grid cell, where the interface exists, are required by
the momentum equation and can be calculated by the following equations:

ρmix = αsteelρsteel + αslagρslag, (2)

μmix = αsteelμsteel + αslagμslag. (3)

2.4. Turbulence Modeling

As previously mentioned, one important concern about modeling the swirling flow is the
anisotropic turbulent properties which commonly exist in high intensity swirling flows. Here, the
RSM model [55–57] combined with the Stress-Omega submodel [55,58] was used to simulate the steel
flow. The Stress-Omega submodel is good for modeling flows over the curved surfaces and swirling
flows [55]. A near-wall treatment is automatically used to perform blending between the viscous
sublayer and the logarithmic region [55]. In RSM model, the Reynolds stress terms emerging from
the Reynolds averaging of Navier-Stokes equations are directly solved by resolving their transport
equations to account for the possible anisotropic fluctuation in a swirling flow. In order to save
the computational time, the realizable k-ε turbulence model [59], coupled with the enhanced wall
treatment model [55], was first used to produce an initial flow field. Then, with this flow initialization,
the RSM model calculation was carried out until a fully developed flow was obtained.

2.5. Heat Transfer

The temperature distribution in the mold was obtained by solving the following energy
equation [55]:

∂

∂t
(ρE) +

∂

∂xi
(ui(ρE + p)) =

∂

∂xi

(
(k +

cpμt

Prt
)

∂T
∂xi

)
, (4)

where E is energy in the unit of J, k is the thermal conductivity with the unit of W/(m·K), cp is the
specific heat capacity in J/(kg·K), μt is the turbulent viscosity, Prt is the turbulent Prandtl Number,
ρ is fluid density in kg/m3, p is pressure in Pa, and T is temperature in K. The steel density change
and subsequent natural convection due to temperature variance was accounted for by the Boussinesq
model [60]. This model treats density as a constant value in all solved equations, except for the
buoyancy in the momentum equation (it is normally put in the source term) as follows:

(ρ − ρo)g ≈ −ρoβ(T − To)g, (5)

where ρo is the (constant) density of the liquid steel with the unit of kg/m3, To is the operating
temperature in K, and β is the thermal expansion coefficient of the liquid steel. The thermal properties
of the fluids and some parameters are shown in Table 1.
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Table 1. Thermal properties of the steel and slag.

Parameters Symbols Steel Slag

Density, kg/m3 ρo 7000 2600
Viscosity, kg/(m·s) μ 0.0064 0.09

Thermal conductivity, W/(m·K) k 35 1.1
Specific heat, J/(kg·K) cp 628 1200

Thermal expansion coefficient, 1/K β 10−4 -
Interfacial tension, N/m σ 1.6

Operating temperature, K To 1788
Turbulent Prandtl number Prt 0.85

2.6. Lagrangian Particle Tracking Model

The inclusion velocity up was obtained by solving the following momentum equation, which has
been introduced in detail in a previous study [61]:

dup

dt
=

(u − up)

τr
+ g

(
1 − ρf

ρp

)
+

1
2

ρf
ρp

(
up∇u − dup

dt

)
+

ρf
ρp

up∇u +
2ηv

1
2 ρfSij

ρpdp(SlkSkl)
1
4
(u − up), (6)

where, on the right-hand side, the first term is the drag force, the second term is the force per unit
inclusion mass due to gravity and buoyancy, the third term is the virtual mass force, the fourth term is
the pressure gradient force, and the fifth term is the Saffman’s lift force [62,63]. Furthermore, u is the
continuous-phase velocity, v is the kinematic viscosity of the fluid, dp is the diameter of an inclusion,
ρf and ρp are the densities of the fluid and the inclusion, respectively. Furthermore, Sij and Slk are the
deformation tensor, and η is a constant which is equal to 2.59 [63].

2.7. Boundary Conditions

The velocity profile on the cross section of the cylindrical tundish SEN, which has been solved
in a previous study [49], was used as the inlet boundary condition for the current simulation of the
mold flow. Figure 1a,b show the location of the cross section on the cylindrical tundish SEN and
the steel flow characteristics [49]. The cross section is located at 0.4 m below the tundish bottom
with the total SEN length of 0.65 m. It can be seen that the maximum tangential velocity is around
2.5 m/s. The swirling number is defined by using the mean tangential velocity, W, and the mean
vertical velocity, V, on the cross section with the ratio of 2W/3V, and it is 1.24 on this cross section [49].
The inlet boundary condition for the conventional tundish casting is a uniform velocity distribution at
the SEN cross section, with the steel flow velocity of −1.1 m/s in Z-direction, which corresponds to
the same casting speed as the swirling flow tundish casting.

The calculation domain is shown in Figure 1c. A non-slip boundary condition was imposed on
the SEN wall. For the top surface of the mold, a zero-shear slip wall boundary condition was used. For
the mold wall, a moving wall boundary condition with the velocity of −0.013 m/s in Z direction was
used to account for the movement of the solidified shell in a real casting process. The fully developed
flow condition is adopted at the mold outlet, where the normal gradients of all variables are set to zero.
For the heat transfer boundary condition, a constant steel temperature of 1818 K was used at the inlet.
A constant temperature of 1788 K was imposed on the solidified shell. An adiabatic condition was
used both at the SEN wall and at the free surface. In addition, a “reflect” wall boundary condition was
used for the inclusion tracking, and an “escape” boundary condition was used at the bottom outlet of
the mold.
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Figure 1. (a) Location of the cross section used as the inlet boundary condition of the mold simulation
and the tangential velocity distribution on it, (b) velocity distribution along the line on the cross section
(negative values for vertical velocity means in gravity direction), and (c) calculation domain in mold.

2.8. Solution Method

The multiphase flow and temperature distribution in the billet mold was solved by using the
commercial software ANSYS FLUENT 18.0®. The numerical simulations were carried out based on
2.2 million grid cells to guarantee the grid-independent solution. A very fine grid was used in the
near-wall region, with the y+ value of the first grid layer around 1. The PISO scheme was used for the
pressure-velocity coupling. Furthermore, the PRESTO method was adopted to discretize the pressure.
The governing equations were discretized using a second order upwind scheme. The convergence
criteria were as follows: the residuals of all dependent variables were smaller than 1 × 10−3 at each
time step.

3. Results and Discussion

The multiphase flow and heat transfer in the mold both with a swirling flow tundish casting
and also with a conventional tundish casting were firstly solved by the realizable k-ε model with an
enhanced wall treatment for the first 75 s. After that, this solution was used as an initial condition for
the RSM model calculation to 125 s for a developed flow field. The multiphysics in the mold from a
conventional tundish casting and from a swirling flow tundish casting were analyzed and compared
in the following.

3.1. Steel Flow Paths

Figure 2 shows the steel flow path in the mold both from a conventional tundish and from a
swirling flow tundish design. It can be observed that a completely different flow pattern in the mold
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was observed. With a conventional tundish casting in Figure 2a, the SEN outlet flow goes deep into
the mold to the depth of around 1.5 m. This results from a large vertical momentum of the steel
flow. As the steel flows downwards, the jet is entraining the surrounding fluid due to the friction.
This dissipates the jet momentum and also increases the jet width. Meanwhile, the pressure in the
region near the downward jet flow decreases. Therefore, the steel surrounding the impingement jet
moves towards it. This leads to a vertical rotational flow in the middle region of the mold as shown
in Figure 2a indicated by the red color arrows. The upwards steel flow in this rotational movement
further leads to a weak rotational flow in the upper part of the mold near the meniscus. However,
with a swirling flow tundish design in Figure 2b, the SEN outlet flow moves towards the solidified
shell rather than goes deeply into the mold. This is due to the rotational steel flow momentum. After
the steel stream reaches the solidified shell, a part of the steel flows downwards along the solidified
shell with a horizontal rotational flow momentum, which can be seen from the red arrow in Figure 2b.
Another part of the steel moves upwards and towards the meniscus. Therefore, the steel flow pattern
undergoes a significant change compared to a conventional tundish casting. The deep impingement jet
into the mold observed in Figure 2a disappeared with the use of a swirling flow tundish. This is also
one of the advantages for the use of a swirling flow SEN compared to M-EMS. Due to the high steel
flow inertia from the one-port SEN, the impingement jet was actually not significantly changed by the
M-EMS, which shows a high downwards steel flow velocity in the center of the mold. This can be seen
from some previous studies [32,33]. Therefore, in some cases, the side-port SEN was investigated in
bloom castings in combination with M-EMS [8,10], which can change the high temperature SEN port
flow towards the solidification front, rather than moving deeply into the mold. However, side ports
are the sensitive region for nozzle clogging, and they deliver the steel into the mold from a certain
direction depending on the SEN port direction, rather than along the periphery of the SEN, which
is in 360◦ in a swirling flow SEN. Therefore, the current swirling flow tundish SEN can deliver high
temperature steel uniformly distributed towards the solidified shell. Furthermore, this also avoids the
strong attack by the high temperature steel on some locations of the solidified shell which is in the case
with side ports.

 

Figure 2. Comparison of steel flow paths in mold. (a) Casting with a conventional tundish and
(b) casting with a swirling flow tundish.
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3.2. Steel Flow Velocity

Figure 3 shows the steel flow velocity on the vertical planes at the middle of the mold.
The locations of these vertical planes can be seen from the top view sketch of the mold in Figure 3.
For all the vertical planes passing the mold center, the diagonal vertical plane is the largest vertical
plane, and the plane perpendicular to the solid shell middle is the smallest vertical plane. Therefore,
these planes are selected to show the flow characteristics. It can be seen in Figure 3a that the steel jet
keeps a high velocity in the center of the mold, even for a large depth. At the top of the mold near the
meniscus, the steel flow is very weak. However, with the swirling flow tundish as shown in Figure 3b,
the high velocity region was located at the top region of the mold. This is expected to improve the
heat transfer near the meniscus and the dissipation of the steel superheat. Furthermore, steel moves
downwards at the region near the solidified shell, and it flows upwards in the center of the mold.
This may be helpful to improve the mixing towards a homogeneous state in the mold. Furthermore,
the velocity magnitude of the SEN outlet flow rapidly decreases to smaller than 0.4 m/s. As previously
mentioned, there was no main impingement jet deep into the mold, which is different from the case of
a conventional tundish casting with a straight SEN.

 
(a) Conventional tundish (b) Swirling flow tundish design 
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Figure 3. Steel flow velocity in the vertical middle plane of the mold. (a) Conventional tundish casting
and (b) Swirling flow tundish design casting (arrows are the steel flow directions).
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Figure 4 shows a comparison of the vertical velocity distributions along lines at different mold
depths. It can be see that the vertical velocity magnitude is much smaller in the mold center when a
swirling flow tundish design was used. This has been clearly shown in Figure 3b. However, at the
locations close to the solidified shell, its velocity is larger than that with a conventional tundish casting.
This can be seen from the enlarged part in Figure 4. A large velocity near the solidified shell is helpful
to shear off the dendrites from the solidification interface and promotes the nucleate, which results in
an enhancement of the transition from a columnar to an equiaxed solidification [33]. For the casting
with a conventional tundish, the vertical velocity of the steel flow is still around 0.1 m/s at a depth
of 1.5 m in the mold center. This kind of flow pattern, with a strong downwards flow stream, is not
good for some issues in a steel continuous casting process, such as the inclusion removal and the
dissipation of steel superheat. Therefore, it is clear that the swirling flow tundish design is helpful for
the optimization of the mold flow.
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Figure 4. Vertical steel flow velocity along horizontal lines in different mold depths.

Another important characteristic about the swirling flow tundish casting is the swirling steel
flow on the cross sections of the mold. Figure 5 shows the tangential velocities of the steel flow on
two cross sections in different mold depths. It can be seen, in Figure 5b, that the maximum tangential
velocity can reach around 0.076 m/s near the solidified shell on the cross section with a mold depth of
0.5 m. In addition, at a mold depth of 1.5 m, the maximum tangential velocity decreases to around
0.005 m/s, while the velocity distribution becomes more axisymmetric. This means that the swirling
flow becomes more uniform after moving from the depth of 0.5 m to 1.5 m. Furthermore, the high
tangential velocity region is still located near the solidified shell. Figure 6 shows the magnitude of
the tangential velocity along different horizontal lines in different mold depths. The locations of the
horizontal lines are shown in Figure 5b. It can be seen that the maximum tangential velocity gradually
decreases when the steel moves downwards. This is similar as that in the mold with M-EMS, where
the rotational velocity becomes smaller with an increased distance away from the stirrer midplane [33].
A large velocity gradient exists near the solidified shell, which can also be seen in Figure 4 for the
vertical velocity component. In the mold with a conventional tundish, no obvious swirling flow was
observed, and the steel flow velocity near the solidified shell is much smaller compared to the swirling
flow tundish case. Therefore, both the tangential velocity magnitude and the axial velocity magnitude
near the solidified shell are larger for the case with the swirling flow tundish casting than that with a
conventional tundish casting.
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(a) Conventional tundish casting (b) Swirling flow tundish casting 

Z = 0.5 m 

Z = 1.5 m 

Z = 0.5 m 

Li
ne

 lo
ca

tio
n 

Z = 1.5 m 

Figure 5. Tangential velocities on different cross sections of the mold. (a) Conventional tundish casting
and (b) swirling flow tundish casting.
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Figure 6. Tangential velocity distribution along different horizontal lines in different mold depths.
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Due to the change of the steel flow pattern in mold, shear stresses on the solidified shell become
different. Figure 7 shows the shear stress on the solidified shell for the first 0.5 m shell from the
meniscus. It can be seen that the values of shear stresses are mostly smaller than 10 Pa both for the
conventional tundish case and also for the swirling flow tundish case. Shear stress is proportional
to the velocity gradient. Therefore, a large shear stress represents a large velocity gradient near the
solidified shell. Due to that, a rotational flow exists in the mold as shown in Figure 5b, the shear stress
values for the swirling flow tundish case are mostly larger than that with a conventional tundish. In
addition, shear stresses at the locations where the SEN outlet flow hits the solidified shell are not
very large, as shown in Figure 7b, with the values of around 6 Pa. This means that there is no strong
flow stream towards the solidified shell, due to the uniformly spreading of the steel flow from the
SEN outlet.

Figure 7. Shear stress on the solidified shell. (a) Conventional tundish casting and (b) swirling flow
tundish casting.

3.3. Turbulence Properties

Due to the flow changes as presented above, the characteristics of the turbulence properties in
the mold are also significantly changed, as shown in Figure 8. It can be seen that with a conventional
tundish casting, the turbulence properties show jet flow characteristics. A high turbulent kinetic energy
and Reynolds stress values exist in the region near the impingement jet, due to the shear between
the jet and its surrounding steel. However, at the top of the mold, the magnitudes of the turbulence
properties are very small. In addition, the turbulence properties show anisotropic characteristics.
The Reynolds stress is large in the vertical direction, namely, the value of w′w′ in the conventional
tundish casting. With a swirling flow tundish casting, turbulence properties are sharply dissipated in
the top region of the mold. This is due to the change of the steel flow pattern as previously shown in
Figure 3b. Deeper in the mold, smaller values of both turbulent kinetic energy and Reynolds stresses
were observed. Due to the large value of turbulent properties and the flow characteristic change with
the swirling flow tundish casting, the heat transfer in the top of the mold was expected to be enhanced.
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Figure 8. Turbulence properties on the YZ middle plane of the mold.

3.4. Steel/Slag Interface Phenomena

Steel/slag interface phenomena in the mold are very important during the continuous casting
process. The reason is that the slag entrainment into the steel may lead to the formation of non-metallic
inclusions. Therefore, a large steel/slag interface fluctuation is unwanted in the continuous casting
process. Figure 9 shows the steel/slag interface and the flow pattern in the steel and slag. It can be seen
that the thickness of the steel/slag interface region is larger when a swirling flow tundish was used,
compared a conventional tundish. This can easily be seen from Figure 9b where the isosurface of the
slag with the density of 2601 kg/m3 was plotted (the pure slag has the density of 2600 kg/m3). When
a conventional tundish SEN was used, steel with a large momentum moves deeply into the mold, and
a calm steel flow region at the top part of the mold was obtained. This can be seen from Figure 3a.
However, the steel flow is activated in the top of the mold when the swirling flow tundish was used.
This leads to a large level fluctuation, while it helps the heat transfer near the meniscus. In the mold
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with a swirling flow tundish casting, as shown in Figure 9, the steel flowing towards the solidified
shell divided into an upwards and a downwards flow. The upwards flow shown in Figure 9b directly
moves towards the steel/slag interface with the velocity of around 0.2 m/s, as shown in Figure 3b.
Due to the small immersion depth of the SEN in steel with the value of around 12 cm, this velocity
is still high when it reaches the steel/slag interface. This should cause a large steel/slag interface
fluctuation. However, a flat interface is generally observed in this study. In the case with M-EMS,
the level fluctuation was also found to be increased [10,33,64]. The meniscus surface has a swirl flow
and the meniscus level rises near the bloom strand wall and sinks around the SEN wall, which shows
an inclined steel/slag interface [33]. Sometimes, a vortex formation near the SEN wall was found with
M-EMS [64]. Therefore, the mold level fluctuation should be considered to make it as low as possible,
both for M-EMS applications and for the use of swirling flow SEN.
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Figure 9. Steel/slag interface with steel flow vectors.

Figure 10 shows the distributions of the velocity magnitude and turbulent kinetic energy along
the steel/slag interface. The location of the line plot is shown in Figure 9. It can be seen that the velocity
magnitude with the swirling flow tundish case is around 3 times that of a conventional tundish, with
the maximum value of 0.05 m/s. However, this maximum value is still smaller than that found in a
mold with M-EMS application, where the values can reach around 0.2 to 0.3 m/s [33,64]. The turbulent
kinetic energy is close to zero with a conventional tundish casting, and the maximum value is around
0.001 m2/s2 for the swirling flow tundish case. This means that the turbulence intensity is slightly
increased when the swirling flow tundish design was used.
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(a) (b) 

Figure 10. (a) Velocity magnitude at the steel/slag interface and (b) turbulent kinetic energy at the
steel/slag interface.

According to a previous research [65], the slag entrainment into liquid steel may occur when the
Weber number is greater than 12.3. The Weber number can be defined as

We =
u2

l pl√
σg(ρl − ρs)

, (7)

where ul is the radial steel velocity, g is gravitational acceleration, and σ is the interfacial tension
between steel and slag. A slag density value of 2600 kg/m3 was used, and the value of interfacial
tension between the steel and the slag was set to 1.16 N/m [66]. The maximum total velocity at the
steel-slag interface in the mold, 0.05 m/s, was used to calculate the Weber number. The calculated
maximum Weber number is around 0.8 for the case with the swirling flow tundish casting. Therefore,
the Weber number is still much smaller than 12.3, which means a small risk for the slag entrainment.
Due to the swirling flow effect, the SEN outlet flow spreads towards the mold wall, rather than goes
deep into the mold, as in a conventional tundish casting with a one-port SEN. Therefore, it is possible
to increase the immersion depth of the SEN as well, where the value is 15 cm in the current study.
This may help to decrease the fluctuations, as well as to further reduce the risk of the slag entrainment.
In reality, the slag entrainment issue should be experimentally investigated in the future when a slag is
used to protect the steel from the air reoxidation.

3.5. Temperature Distribution

Steel temperature in the mold is very important, since it significantly influences the solidification
structure, which in turn determines the product quality. One important issue regarding the steel
temperature is the removal of the steel superheat in the mold. Furthermore, a uniform steel temperature
in the mold is also important, in order to obtain a uniform solidified shell. The influence of the
swirling flow tundish casting on the temperature field in the mold was investigated, where the natural
convection in the mold was also considered.

Figure 11 shows the temperature distribution in the mold. It can be seen that the swirling flow
tundish design significantly change the temperature distribution in the mold. Specifically, in the mold
with a conventional tundish SEN, the steel flow jet with a high temperature directly goes deeply into
the mold. This leads to a high temperature region which is located deep in the center of the mold, as
shown in Figure 11a. However, the temperature is low in the mold top. Therefore, the temperature
field is not uniform in the mold, and it is not good for the removal of the steel superheat. In the top
part of the mold, the density of steel in the region near the solidified shell is high, due to the low
temperature. Therefore, steel tends to move downwards near the solidified shell. Furthermore, as
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stated before, the solidified steel shell moves downwards at a speed of 0.013 m/s in order to simulate
the movement of the steel shell in a real casting. In addition, the weak rotational flow in the top of
the mold also leads to the steel flowing downwards near the solidified shell. These factors lead to a
downwards movement of steel with a low temperature as shown in Figure 11a. In the lower part of the
mold, the rotational flow leads to an upwards steel flow near the solidified shell. This upwards flow
comes from the main flow jet, and thus, has a high temperature. Finally, a low temperature region was
formed in the mold at a depth of around 0.5 m, as shown in Figure 11a, where the low temperature
downwards flow meets the high temperature upwards flow.

Figure 11. Temperature distribution in mold. (a) Conventional tundish casting and (b) swirling flow
tundish design casting.

With a swirling flow tundish design, the temperature field in the mold changes a lot, as shown in
Figure 11b. The high temperature impingement jet disappears, and the temperature field becomes
more uniform in the mold. The maximum temperature gradually decreases, from the mold top to
the bottom. Due to the swirling flow effect, steel with a high temperature changes the flow direction
towards the solidified shell after it moves out from the SEN outlet. It increases the temperature near
the solidified shell, as well as the temperature gradient there. Furthermore, this enhanced the removal
of the steel superheat, and the core temperature of the billet was dramatically reduced. On the cross
section at a depth of 0.5 m in the mold, the maximum temperature for the conventional tundish case
and the swirling flow tundish case is 1817 and 1804 K, respectively. These values decrease to 1802 K
for the conventional tundish casting and to 1795 K for the swirling flow tundish casting at the mold
depth of 1.5 m. Therefore, the swirling flow improves the steel superheat removal and leads to a more
uniform temperature field in the mold. This is good for the quality of the steel solidification structure
with the formation of equiaxed grains. A previous study with the application of M-EMS shows that
the high temperature region was located at the mold center [32]. This is due to the impingement jet
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from a straight SEN having a large inertia, and that M-EMS can only reduce the impingement depth,
rather than completely remove the impingement jet. This may be the reason that the design of four
horizontal side ports, with the port located in the tangential direction of the SEN circumference, was
found to further improve the bloom quality cast in a M-EMS mold, compared to that with a straight
SEN, due to the improvement in superheat dissipation [8].

3.6. Inclusion Behavior in Mold

In order to understand the behavior of inclusions, 30 inclusions of 1 μm, 10 μm, and 100 μm,
released from the inlet, were individually tracked to see their behaviors in the mold. Figure 12 shows
the trajectories of different sizes of inclusions in the mold. It can be seen that the steel flow pattern in
the mold has a significant influence on the inclusion motions in the mold. Due to the impingement
jet going deep into the mold, inclusions that follow the steel flow can reach a large mold depth in the
conventional tundish casting. A few of them stay on the top part of the mold. This is true, even for
large inclusions with a diameter of 100 μm, on which a large buoyancy force acts upon compared to
small inclusions. Therefore, the steel flow pattern with a conventional tundish SEN is not beneficial
for the removal of non-metallic inclusions. In the mold with a swirling flow tundish casting, some
inclusions stay on the top of the mold for a time. This is due to the steel flow pattern change as
previously shown in Figure 3. This may provide the chances for some inclusions to be removed.
However, the buoyancy force is still not large enough to keep the large size inclusions at the top of the
mold. In this study, a reflect wall boundary condition was used to show the moving path of inclusions.
To realize a dynamic simulation on the inclusion removal into the slag, and the inclusion attachment
on the wall, an interface capture model is required, and this is left for a future study.

Conventional Tundish Casting Swirling Flow Tundish Casting 
1 m 10 m 100 m 1 m 10 m 100 m 

      

Figure 12. Trajectories of different size inclusions in the mold.
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4. Concluding Discussion

A new cylindrical tundish design that produces a swirling flow in the SEN by using the
steel flow potential has been investigated both by water model experiments and numerical
simulations [47–49,61,67]. This study was the first to try to investigate the influence of such swirling
flow tundish design on the steel flow, heat transfer, inclusion motion, and steel/slag interface stability
in the mold. Previously, the effect of a swirling flow SEN on the steel flow in molds has been
studied [34,38,40–42,46]. However, issues such as the steel/slag interface fluctuation, steel velocity
in the vicinity of the solidified shell, and the field properties in the deep mold, are still not well
investigated. In addition, the density change due to temperature variance was included in the model
to consider the natural convection effect on the steel flow. In reality, there is a mushy region near the
solidified shell, where the liquid volume fraction and the liquid viscosity change with the distance from
the completely solidified shell; this is ignored in this study. Under this assumption, the multiphysics
in the mold from a conventional tundish casting, and from the swirling flow tundish casting, are
compared to show the influence of the swirling flow tundish design on the mold flow. However,
a further study is still required to include the influence of the fluid property changes in the mushy
region on the steel flow.

Swirling flow normally shows a certain swirl frequency [67,68], which means that the transient
flow characteristics may not be axisymmetric. Therefore, a transient solver is recommended to solve
this kind of flow phenomena. In this study, the plotted results are instantaneous flow field properties at
125 s, rather than the averaged flow properties in a time interval which is larger than the characteristic
time of the swirling flow. This aims to give a clear observation on the swirling flow characteristics.
The flow vectors in Figure 5 show that the flow is not axisymmetric. This is due to that the swirling
flow in the SEN is not completely axisymmetric, as shown in Figure 1. However, the flow symmetry
can be further improved by the cylindrical tundish design, such as using two tangential inlets in the
cylindrical tundish in Figure 1a, which was investigated in a previous study [67]. For the study on
M-EMS application, it was also found that the distribution of the electromagnetic force is not uniform
in space [33]. The experimental measurements reveal that an axisymmetric flow cannot be maintained
for situations with the simultaneous occurrence of the SEN jet flow and an electromagnetic stirring [64].
Therefore, efforts are still required in order to improve the flow uniformity.

The swirling flow intensity in the SEN is influenced by the cylindrical tundish design. Important
design factors include the diameter of the cylinder and the steel flow velocity at the tangential inlet of
the cylinder, as well as the tundish inlet area [47,49]. With a proper cylindrical tundish parameter, a
certain intensity of the swirling flow in the SEN can be obtained. This should be determined by the
desired flow behavior in the mold, such as the control of the mold level fluctuation. In addition, the
swirling flow tundish casting can be simply realized either by connecting a small cylindrical tundish
to a conventional tundish [47,48], or by installing a ceramic cylinder inside a conventional tundish [67].
Therefore, the functions of a conventional tundish, such as the inclusion removal, are not destroyed.

With a swirling flow in SEN, the steel flow has both a tangential momentum and a vertical
momentum. These two momentum components influence the spreading angle of the SEN outlet flow.
In addition, the steel flow in the mold is also affected by the geometry of the SEN outlet. Previous
studies [8,38,40] regarding the swirling flow SEN show that a divergent nozzle can lead to the SEN
outlet flow spreading more widely. In the current study, a divergent nozzle was used with only a
small expansion in diameter at the SEN outlet, and it seemed to have almost no effect on the mold
flow in a conventional tundish casting, where a straight impingement jet flow was observed. However,
a wide spreading was observed when it was used together with the swirling flow tundish design.
The spreading angle of the steel flow from the SEN is shown to be of great influence on the heat and
fluid flow in the mold [38,40]. However, regarding the formation mechanism of the spreading angle, it
is not well explained. Previous investigations on divergent nozzles were carried out in a swirling flow,
which was produced by installing a swirl blade inside a SEN [38,40]. The mean value of tangential
velocity in the SEN is around 1.72 m/s, and the averaged axial velocity is 2 m/s. A significant influence
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of the divergent nozzle angle on the steel flow spreading was found. However, a large spreading of
the steel flow, as that shown in Figure 3b, was also found by Ying et al. [46], with a straight nozzle
used in their study, where the swirling flow was produced by installing an electromagnetic stirrer
surrounding the SEN. Furthermore, the spreading angle of the steel flow was found to change with
the power input, which relates to the swirling flow intensity. This means that the divergent nozzle is
not the necessary factor for the steel flow spreading. Figure 13 shows the SEN outlet flow direction
in the mold. Theoretically, the spreading angle of the steel flow should be determined by the ratio of
the tangential velocity to the axial velocity at the moment that steel leaves the SEN. This ratio in the
current study is around 1.47, which corresponds to the spreading angle α of around 56◦ in Figure 13a.
Figure 13b shows that the spreading angle is larger than this value. This is due to the induced upwards
flow by the swirling flow tundish SEN in the mold center, which shifts the SEN outlet flow upwards.
Since the instantaneous flow is not axisymmetric, the left side upwards flow is stronger than that on
the right side. This may create a larger spreading angle on the left side than that on the right side.
In addition, the steel tends to flow along the inner wall of the divergent nozzle, due to its inertia.
Therefore, the swirling flow will undergo an expansion inside a divergent nozzle, due to the expanding
nozzle diameter. This expansion further reduces the pressure in the swirling flow center and increases
the low-pressure area. Therefore, steel near the divergent nozzle outlet will flow into the swirling flow
center, creating an upwards steel flow. This may increase the shift of the steel flow angle compared
to a straight nozzle, which has been observed in a previous study [38,40]. Finally, the swirling flow
leads to a horizontal movement of the steel. The shortest distance for the steel reaching the solidified
shell is shown in Figure 13c. During the way to the solidified shell, the velocity of the steel flow will
decrease due to the momentum dissipation. Therefore, the magnitude of the steel flow velocity near
the solidified shell should be greatly influenced by this distance. This distance in the current study
is different, as shown in Figure 13c. This is also the reason that a non-uniform wall shear stress in
Figure 7b was observed. Furthermore, the uniformity of shear stresses is expected to be improved in a
round billet mold, since the distance from the SEN to the solidified shell will be equal in all directions.
In addition, the velocity magnitude near the solidified shell might be increased by using a SEN with a
large gradual expansion in diameter. With this kind of SEN, the swirling flow will have a gradually
expanding and developing process, instead of a sudden expansion from a small SEN diameter to the
large mold cross section. This may be helpful for the optimization of the mold flow, and it is left for a
future study.
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Figure 13. Steel flow direction and its collision location with solidified shell. (a) Front view schematic,
(b) flow in the top mold region, and (c) top view schematic.

5. Conclusions

Multiphase flow and heat transfer in a mold with a new cylindrical tundish design during the
continuous casting process were investigated by using numerical simulations. Steel and slag flow, heat
transfer, and inclusion motion in the mold were analyzed. The main conclusions were the following:
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1. The new cylindrical tundish design for swirling flow casting significantly changed the flow
behavior in the mold. The deep impingement jet in the mold disappeared, and the steel flow
moved towards the solidified shell, due to the swirling flow effect. A large velocity in the vicinity
of the solidified shell was obtained.

2. The steel flow velocity in the top part of the mold was increased. The calculated Weber number
was round 0.8, which indicates a small risk for the slag entrainment.

3. With the swirling flow tundish casting, the temperature distribution became more uniform, and
the dissipation of the steel superheat was accelerated. Furthermore, due to the high temperature
steel directly flowing to the solidified shell, the temperature near the solidified shell was increased.
A high temperature region was found at the top part of the mold, rather than in the deep center
of the mold in a conventional tundish casting.

4. Inclusion trajectories in the mold change a lot, due to the change of the SEN outlet flow pattern.
Instead of moving deeply into the mold following the impingement jet, some inclusions tended
to stay for a time at the top part of the mold. This may be helpful for their removal.
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Abstract: The bulge deformation of the continuous casting slab must be controlled in order to improve
the slab quality. In this study, a coupled three-dimensional thermomechanical model is suggested
based on dynamic contact between the slab and the rollers, so as to investigate the influence of the
rollers in reducing slab bulge deformation. Moreover, the rigid casting rollers in this model are
replaced by elastic casting rollers in order to improve the calculation accuracy. Further, the influence
of two-segment and three-segment rollers on the slab bulge deformation is systematically studied.
The results indicate that the bulge deformation of the slab increased by 74.3% when elastic casting
rollers were adopted instead of rigid casting rollers. This deformation was reduced by 29.7% when
three-segment rollers were used instead of two-segment rollers. Moreover, the influence of the roller
spacing and the roller diameter of the segmented roller on the deformation was studied in detail.
In order to achieve the purpose of controlling the bulge deformation, improved segmented roller
spacing and diameter were proposed, leading to a 75.4% reduction in the bulge deformation.

Keywords: continuous casting; bulge deformation; thermomechanical coupling; segmented roller;
finite element analysis

1. Introduction

It is important to effectively control bulge deformation to improve the quality of continuous
casting slabs. Thermal creep is one of the main factors that can cause bulge deformation in slabs, as
the temperature distribution of the slab on both the wide and narrow sides affects bulge deformation.
It is necessary to obtain the temperature field of a continuous casting slab during the solidification
process. Some scholars have developed a two-dimensional solidification model to obtain the
temperature field distribution of the slab during continuous casting [1,2]. However, they neglected
the temperature field distribution of the wide sides. The two-dimensional solidification model was
replaced by a three-dimensional solidification model to analyze the slab temperature field because the
temperature distribution of the slab on both the wide and narrow sides could be considered in the
three-dimensional model [3,4], which could better match the actual solidification process in continuous
casting. This deformation calculation is very complicated. Some scholars used the theoretical
analysis method [5–8] and two-dimensional thermomechanical coupling models to calculate bulge
deformation [9,10]. However, the calculation accuracy of the theoretical analysis method could not
be guaranteed because the bulge deformation and temperature fluctuations on the wide side of the
slab in the two-dimensional model were neglected. Therefore, three-dimensional models of slab bulge
deformation were developed to improve the calculation accuracy. A three-dimensional elastic–plastic
and creep model was developed to calculate the slab bulge deformation on the wide side [11–13].
This model considered static contact between the continuous casting slab and the rollers. However,
this model neglected the movement of the slab under the casting rollers.

Metals 2019, 9, 231; doi:10.3390/met9020231 www.mdpi.com/journal/metals98
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In order to consider the dynamic contact between the slab and the rollers, Qin et al. suggested
a 3D thermomechanical coupling model based on this dynamic contact between the slab and the
rollers to compare with the 2D bulge deformation model to calculate bulge deformation [14]. Thus,
Liu et al. proposed a 3D finite element viscoelastic creep model to study slab bulge deformation and
the influence of temperature field distribution on this deformation [15]. However, this model neglected
the slab bulge deformation on the narrow side. The slab bulge deformation on the wide side and that
on the narrow side are actually mutually influential, and bulge deformation on the wide and narrow
sides has been observed by some scholars [16–18]. Thus, 3D thermomechanical coupling models
that included the dynamic contacts between the slab and the rollers were established to study the
slab bulge deformation of the narrow side [19,20]. The 3D finite element models mentioned above
mainly focused on the deformation mechanism of bulge deformation and the influence of process and
structural parameters on this deformation. However, control measures of bulge deformation were
hardly used in these models.

Qin et al. built a three-dimensional thermomechanical coupling model to study the temperature
and bulge deformation distributions of a slab during the casting process, and the bulge deformation
of this model was compared with that of the 2D bulging model [13,18]. The simulation results
in the 3D bulging models were further compared with measured data from the actual production
process to explore the accuracy of the simulation results in the three-dimensional bulge deformation
models [17,20]. This comparison made it possible to use the finite element method to explore a
method for controlling slab bulge deformation, and the fixed-gap and variable-diameter methods were
suggested to reduce bulge deformation [21–24].

In the above-mentioned models, all casting rollers were assumed to be rigid, in order to save
computing time, and the influence of casting roller deformation on slab bulge deformation was
neglected. In fact, these casting rollers also deform during continuous casting. Therefore, this
simplification would lead to an inaccurate reduction of bulge deformation values for a continuous
casting slab. Moreover, segmented rollers have been widely adopted in the actual production process to
control for slab bulge deformation [25–27]. The reason for this is that the stiffness of segmented rollers
is much greater than that of solid rollers [28,29]. However, the structural parameters of segmented
rollers have not been systematically studied for controlling slab bulge deformation.

This paper aims to discover the influence of segmented rollers on reducing slab bulge deformation
and investigate the relationship between the stiffness of the segmented rollers and slab bulge
deformation. A 3D thermomechanical coupling model based on the dynamic contact between the slab
and the elastic casting rollers was suggested, and the structural parameters of the segmented rollers
are investigated for controlling bulge deformation.

2. 3D Solidification Model Description

The temperature distribution is the foundation of this bulging analysis because the thickness of
the solidified slab and the material property parameters depend on the temperature field in the slab.
Therefore, the first step was to obtain the temperature field by using a solidification model.

2.1. 3D Solidification Finite Element Model

The cooling process of the continuous casting slab was a three-dimensional transient heat transfer
process with heat conduction, thermal convection, and thermal radiation accompanied by phase
transition. The heat transfer differential equation can be expressed as [30]:

ρcp
∂T
∂t

=
∂

∂x

(
λ

∂T
∂x

)
+

∂
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(
λ

∂T
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)
+

∂

∂z

(
λ

∂T
∂z

)
+ q (1)
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The axial position z along the liquid level of crystallizer is related to casting speed u and time t.
The relation function is z = ut. The relation function is substituted into Equation (1) and Equation (2)
is shown as follows:
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where

ρ is the density (kg · m−3),

cp is the specific heat capacity under constant pressure (J · (kg · K)−1),
T is the temperature (K),
t is time (s),
q is the internal heat source (W · m−3),

λ is the thermal conductivity (W · (m · K)−1), and
u is the casting speed, (m · min−1).

There is a solid phase zone, a liquid phase zone, and a two-phase zone in the continuous casting
process, and Equation (1) can be treated as follows:

(1) The solid phase and liquid phase can be calculated as:
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The heat transfer differential equation of the slab in the solid phase zone and the liquid phase
zone is exactly the same Equation (3). The corresponding thermal conductivity can be obtained in the
solid phase zone and the liquid phase zone separately.

For the thermal conductivity λL of the liquid phase zone, the forced convection heat transfer
was caused due to the flow of the molten steel, which accelerated the elimination of the degree of
superheat. In 1967, Mizikar [31] introduced the effective thermal conductivity for the first time to take
the effects of convective heat transfer into account. The method was to treat the liquid phase zone
of the slab into a "quasi-solid" and convert the convective thermal conductivity of the molten steel
into an effective thermal conductivity, which was equivalent to n times compared with the thermal
conductivity of the static molten steel. The value of n was generally from 2 to 7. Therefore, this method
was used to calculate the thermal conductivity of the liquid phase zone in the paper and the value of n
was 5. The relationship between the thermal conductivity of the solid phase zone and the thermal
conductivity of the liquid phase zone was as follows:

λL = 5λS (4)

where

λL is the thermal conductivity of the solid phase zone (W · (m · K)−1), and

λS is the thermal conductivity of the liquid phase zone (W · (m · K)−1).

(2) Since the two-phase zone has the latent heat of solidification, the internal heat source q in
Equation (1) must be taken into consideration. In this study, the equivalent specific heat method was
used to solve the latent heat of solidification and q is calculated as:

q = −ρls
ΔHf

TL − TS

∂T
∂t

(5)

where

ΔHf is latent heat of solidification under the action of various metals (kJ · kg−1),
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TL is the liquidus temperature (K), and
TS is the solidus temperature (K).

Equation (5) was introduced in the solidification heat transfer differential equation of the
two-phase zone and Equation (1) was rearranged as:

ρlsce f f
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where ce f f is the equivalent heat capacity (J · (kg · K)−1) and is calculated as:

ce f f = cp +
ΔHf

TL − TS
(7)

λls is the thermal conductivity of the two-phase zone (W · (m · K)−1), and is calculated as:

λls = λs +
λL − λS
TL − TS

(T − TS) (8)

ρls is the density of the two-phase zone (kg · m−3).
A half three-dimensional solidification finite element model was established due to the symmetry

of the slab, and had dimensions of 1200 mm × 2000 mm × 250 mm. DC3D8 is an eight-node linear
heat transfer hexahedral element in the ABAQUS software (6.14, Dassault Systèmes Simulia Corp.,
Providence, RI, USA) and was used to mesh the solidification model to perform thermal simulation
analysis. The size of the element was 25 mm (length) × 25 mm (width) × 10 mm (height), and 46,080
heat transfer elements and 51,597 nodes were included in the model. The bulge deformation at the end
of the foot roller section was investigated because the bulge deformation of the slab is serious when the
slab leaves the foot roller section. Therefore, segmented rollers have been widely adopted to control
this deformation. Then, the temperature field at the end of the foot roller section was studied for the
analysis. The location of the segmented rollers and the final solidification point are listed in Figure 1.

Figure 1. Slab caster roller map.
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2.2. Physical Property Parameters

The material of the slab analyzed in this paper was Q235, and the material that was measured in
Xiangtan Iron & Steel Co., Ltd. of Hunan Valin was AH36. The compositions of Q235 and AH36 are
shown in Tables 1 and 2, respectively.

Table 1. Chemical composition and content of Q235.

Chemical Element C Si Mn P S

Content (%) 0.18 0.20 0.40 ≤0.025 ≤0.022

Table 2. Chemical composition and content of AH36.

Chemical Element C Si Mn P S Al Cr Cu Ni

Content
(%)

0.157 0.2489 1.4143 0.0162 0.0044 0.0289 0.0375 0.0284 0.0177

According to the actual production process of an arc continuous casting machine, the slab
geometry of the model and physical property parameters were quoted from the references [31–34] and
they are listed in Table 3 and shown in Figure 2. For this study, the cooling water heat transfer, the slab
surface radiation, and the heat transfer between the rollers and the slab were defined as the equivalent
convection coefficient; the convection heat transfer of molten steel was expressed by effective thermal
conductivity; and the latent heat of solidification was calculated by using the equivalent specific
heat method.

Table 3. Simulation constants for solidification analysis.

Parameters Values

Mold width 1200 mm
Half slab thickness 125 mm

Mold length 2000 mm
Casting speed 1.5 m·min−1

Water temperature 303 K
Inlet temperature 1808 K

Liquidus temperature 1793 K
Solidus temperature 1732 K

Specific heat capacity of the solid phase zone (cS) 706 J · (kg · K)−1

Specific heat capacity of the liquid phase zone (cL) 825 J · (kg · K)−1

Thermal conductivity of the solid phase zone (λS) 34.83 W · (m · K)−1

Thermal conductivity of the liquid phase zone (λL) 165 W · (m · K)−1

Latent heat of solidification under various metals (ΔHf ) 284 kJ · kg−1

Density 7400 kg·m−3
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Figure 2. (a) Thermal conductivity of Q235 steel; (b) the specific heat of Q235 steel.

2.3. Boundary Conditions

(1) The comprehensive heat transfer coefficient was utilized to express the heat transfer process of
the model, and the calculation expressions are as follows:

(a) The heat flux in the crystallizer was defined as follows:

q = 2680000 − b

√
L
v

(9)

where

b is determined by the actual heat balance calculation,
L is the crystallizer length (m), and
v is the casting speed (m · min−1).

(b) The heat flux in the secondary cooling zone was determined as follows, and the secondary
cooling zone was from the end of the crystallizer to the final solidification point:

Φ = h(Tb − Tw) (10)

where

Φ is the heat flux (W · cm−2),

h is the heat transfer coefficient (W · (m2 · K
)−1),

Tb is the slab surface temperature (K), and
Tw is the cooling water temperature (K).

(2) The initial temperature of the slab was uniformed as the inlet temperature of 1808 K.

2.4. Results and Discussion

The temperature and thickness distributions of the slab on the wide and narrow sides are shown
in Figure 3. In this study, the simulation results were validated based on the actual slab temperature
measurement results of the AH36 steel continuous casting process. The comparison of the measured
and simulated temperatures in the center of the narrow face are exhibited in Figure 3b. As can be
seen from this figure, the simulation temperature was close to the test temperature, and the maximum
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relative error was less than 5%. Thus, the simulation result that agreed well with the measured data
could be used as the basis temperature field for bulge deformation analysis.

Figure 3. (a) Temperature field of the model. (b) The comparison of the measured and simulated
temperature in the center of the narrow face. (c) Temperature on the wide side. (d) Temperature on the
narrow side.

The temperature distributions on the wide and narrow sides are shown in Figure 3c,d. At the end
of the foot roller section of the continuous slab caster, the highest temperature of the slab was 1276 K
and the lowest temperature was 940 K on the wide side. The difference in temperature was 336 K, thus
dropping by 26.3%. The highest temperature of the slab was 1400 K and the lowest temperature was
940 K on the narrow side. The difference in temperature was 460 K, a decrease of 32.9%. The thickness
of the solidified slab at this segment was about 42.5 mm on the wide side, and the thickness of the
narrow side was about 41 mm. Due to the uneven heat transfer, the temperature field of the slab was
unevenly distributed overall. The lowest temperature of the slab appeared in the corner area owing to
the bidirectional heat transfer characteristic.

3. The Establishment of the Bulge Deformation Model

The three-dimensional thermoelastic–plastic and creep coupling models were proposed to
investigate slab bulge deformation after temperature distribution and the thickness of the solidified
shell had been acquired. The relationship between the solidification heat transfer model and the slab
bulge deformation model is illustrated in Figure 4. Q235 steel served as the analytical material of the
casting slab. The casting roller material was 40CrMo.
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Figure 4. The relationship between the solidification model and the slab deformation model.

3.1. Physical Property Parameters

In the high-temperature continuous casting process, the bulge deformation of the slab is not only
determined by the thermal process, as the high-temperature mechanical properties of the material also
have an important influence on the deformation behavior of the slab. In order to accurately analyze the
deformation of the casting slab, it was necessary to clarify the high-temperature mechanical properties
of Q235 steel. Physical property parameters of the slab were quoted from the references [35,36] and
are shown in Figure 5. According to the investigation, the material parameters of 40CrMo at the
temperature of 523 K were suitable for the bulge deformation model analysis. The elastic modulus
was 189.46 MPa, the Poisson ratio was 0.28, and the density was 7850 kg·m−3.

Figure 5. (a) Elastic modulus of Q235 steel; (b) Poisson ratio of Q235 steel.

3.2. Geometric Model with Various Segmented Casting Rollers

The geometric parameters of the slab and casting rollers used in the model are listed in Table 4.
The three-dimensional geometric models of the interaction between the slab and the various casting
rollers are shown in Figure 6, including rigid solid rollers, elastic solid rollers, elastic two-segment
rollers, and elastic three-segment rollers. C3D8R was the eight-node linear three-dimensional stress
hexahedron reduction integral element which was used to build the models. The casting slab was
composed of 20,400 elements (C3D8R) and 40,581 nodes. In the continuous casting process, it was
assumed that the casting rollers were linearly distributed, ignoring the casting blank curvature.
The liquid core of the slab was removed and simplified as a cavity, and the static pressure of the
molten steel in the slab was transformed into a uniform pressure on the inner surface of the slab.
During the analysis, the thickness of the casting slab and the distribution of the temperature field did
not change with the operation of the slab.
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Table 4. Simulation constants for bulge deformations.

Parameters Values

Thickness of the solidified slab on the wide side 42.5 mm
Thickness of the solidified slab on the narrow side 41 mm

Number of rollers 15
Roller spacing 300 mm

Radius of roller 115 mm
Length of roller 1240 mm
Casting speed 1.5 m·min−1

Figure 6. (a) Bulging model with rigid solid rollers. (b) Bulging model with elastic solid rollers. (c)
Bulging model with two-segment rollers. (d) Bulging model with three-segment rollers.

3.3. Boundary Conditions and Contact Definition

(1) The uniform pressure was 369,634 Pa, which was to be the static pressure of the molten steel in
the slab.

(2) The symmetrical displacement constraint was loaded on the slab because of the symmetry of
the structure.

(3) When the longitudinal length of the slab was chosen as 2000 mm, the influence of the slab
boundary on the internal structure could be neglected according to Saint-Venant’s principle, and the
calculation accuracy and efficiency could be guaranteed.

3.4. Creep Model

It was found that the time-hardening model could describe the creep behavior of the metal with
a carbon content of 0.18% and a secondary cooling temperature range of 1173 K~Ts [37]. This could
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satisfy the requirements of this paper. Therefore, the time-hardening model was used as the creep
model of the casting slab material. The constitutive equation of the time-hardening model is shown as
Equation (7):

.
εp = C exp

(−Q
T

)
σNtm (11)

where

C = 0.3091 + 0.2090(pctC) + 0.1773(pctC)2,
Q = 17160,
N = 6.365 − 4.521 × 10−3T + 1.439 × 10−6T2,
m = −1.362 + 5.761 × 10−4T + 1.982 × 10−8T2,
.
εp is the creep strain rate (s−1),
C is the influence parameter of carbon content (MPa−ns−m−1),
σ is the stress (MPa),
Q is the deformation energy constant (K),
T is the temperature (K),
t is the time (s),
m is the temperature-dependent time influence index, and
N is the temperature-dependent comprehensive stress influence index.

3.5. Predefined Temperature Field

The slab temperature distribution at the end of the foot roller section was introduced into
the bulging analysis as a predefined field and kept invariable in the calculation process of
bulge deformation.

4. Comparisons of Slab Bulge Deformations with Different Segment Rollers

The bulge deformation of the slab was obtained by establishing the three-dimensional finite
element model of the coupling interaction between the various segmented rollers and the slab.
The results calculated by ABAQUS were used to analyze the influence of the segmented rollers
on slab bulge deformation.

4.1. Bulge Deformation on the Wide Side

The simulation results of slab bulge deformation along the wide side are shown in Figure 7.
The influence of the segmented rollers was numerically analyzed by a comparison between the
average values of the bulge deformation. As can be seen in Figure 7, the following conclusions can
be drawn:

(1) In the bulge deformation model with the three-segment rollers, the deformation rapidly
increased to 0.90 mm from the edge to the distance of 270 mm in the direction of the wide surface.
The deformation of the slab formed into a bulging platform from the distance of 270 mm to the slab
center (600 mm) in the wide direction. The value of the bulging platform was 0.90 mm. The reason
for this was that the edge of the solidified slab had formed a thick shell of great stiffness, and the
deformation was small. The thickness of the shell decreased with the increasing distance, resulting in
the decrease of slab stiffness. The bulge deformation of the slab rapidly increased under the hydrostatic
pressure. Then, the platform appeared with the uniform thickness and uniform static pressure of the
slab. The deformation of the slab at the contact position with the roller sectional area was greater than
the average value of the platform. This was because the fixed area of the slab intermittently passed
through the sectional area of the segmented rollers, and the positive creep was more effective than
the reverse creep in the fixed area. In the continuous casting process, the positive creep makes the
solidified shell convex outwards, and the reverse creep makes the solidified shell recess.
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(2) The minimum bulge deformation was 0.82 mm in the model with rigid solid rollers.
The maximum bulge deformation of 1.43 mm appeared in the model with elastic solid rollers. The
difference between the deformation of the two models was about 0.61 mm, and the increase remained
around 74.3%. The results showed that the stiffness of the casting rollers had a great influence on
slab bulge deformation. However, the casting rollers cannot be absolutely rigid rollers in the actual
production process. Thus, the elastic rollers were more suitable than the rigid rollers to simulate the
bulge deformation of the casting slab in the actual production process, as a more accurate result could
be obtained.

(3) The two-segment and three-segment rollers were defined by using elasticity. The bulge
deformation of the casting slab in the two-segment roller model was reduced to 1.28 mm in comparison
with the elastic solid rollers model. The difference in bulge deformation was 0.15 mm, meaning there
was a decrease of 10.5% between the two models, while the bulge deformation of the slab with the
three-segment rollers reached 0.90 mm. The bulge deformation difference was 0.53 mm, dropping
by 37.1%. The result indicated that the bulge deformation with the three-segment rollers was closer
to that of the rigid solid rollers. This means that the bulge deformation of the casting slab could be
effectively controlled by using segmented rollers, and the influence of the three-segment rollers was
more effective than that of the two-segment rollers.

Figure 7. Bulge deformation of the slab on the wide side with different casting rollers.

4.2. Bulge Deformation on the Narrow Side

The simulation result of the slab bulge deformation along the narrow side is displayed in Figure 8.
The horizontal bulge deformation of the slab’s narrow side was uneven, and the bulge deformation

of the narrow side with the three-segment rollers was relatively close to that of the rigid rollers.
The bulge deformation on the narrow side with the three-segment rollers reduced from 0.38 to
0.23 mm, a decrease of 39.5%. The bulge deformation on the narrow side with the two-segment rollers
reduced from 0.39 to −0.008 mm, which was down by 102%. The bulge deformation on the narrow side
with the rigid solid rollers reduced from 0.39 to 0.25 mm, dropping by 35.9%. The bulge deformation
on the narrow side with the elastic solid rollers reduced from 0.37 to −0.08 mm, a decrease of 121.6%.
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Figure 8. Bulge deformation of the slab on the narrow side with different casting rollers.

4.3. Analysis of Segmented Roller’s Stiffness

The stiffness of the casting roller was an important factor affecting slab bulge deformation.
In the bulging models, the vertical displacement of the elastic casting roller had occurred, which was
selected to measure the stiffness of the casting roller. The results are shown in Figure 9. The vertical
displacement of the elastic solid roller was a reverse parabola distribution. The maximum value of
0.14 mm appeared in the center of the solid roller. The rigid roller was not deformed, so the vertical
displacement was 0 mm. The vertical displacement of the two-segment roller was evenly distributed
around 0.004 mm. The displacement of the three-segment roller in the vertical direction was generally
distributed around 0.0015 mm. The average vertical displacement of the roller was selected for
comparison to intuitively analyze the stiffness of the casting rollers. The average vertical displacement
of the elastic solid roller was 0.07 mm, the average vertical displacement of the two-segment roller was
0.004 mm, and that of the three-segment roller was 0.0015 mm. The stiffness of the two-segment roller
was 17.5 times greater than that of the solid roller, and the stiffness of the three-segment roller was
46.7 times greater than that of the solid roller. As the number of sections increased, the deflection of
the segment roller during the continuous casting process was smaller. This indicated that the stiffness
of the segmented roller was effectively improved. Combined with the previous analysis of casting
slab deformation, the conclusion could be drawn that the stiffness of the segmented roller could be
better improved than that of the solid casting roller, and the bulge deformation of the slab could also
be excellently reduced.
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Figure 9. The vertical displacement of different casting rollers.

5. Influences of Roller Spacing and Roller Diameter on Slab Bulge Deformation

5.1. Establishment of Deformation Model with Different Roller Spacings and Diameters

In the continuous casting process, bulge deformation must be controlled to ensure the quality of
the slab. There are many factors involved in slab bulge deformation in continuous casting production,
among which the main parameters include casting speed, static pressure of molten steel, shell thickness,
roller spacing, roller diameter, and surface temperature of the slab. The main purpose of this section is
to explore and analyze the influence of the segmented roller structure parameters on bulge deformation.
Under a constant casting speed condition (1.5 m·min−1), the bulge deformation was calculated and
analyzed for the casting slab. The specific simulation structural parameters are shown in Table 5.
The influence of the casting process parameters was numerically analyzed by a comparison between
the average values of the bulge deformation.

Table 5. Simulation parameters of bulging models.

Roller Spacing
Rigid
Roller

Elastic
Roller

Two-Segment
Roller

Three-Segment
Roller

Roller Diameter

300 mm
230 mm 230 mm 230 mm 230 mm
250 mm 250 mm 250 mm 250 mm
270 mm 270 mm 270 mm 270 mm

350 mm 230 mm 230 mm 230 mm 230 mm
400 mm 230 mm 230 mm 230 mm 230 mm

5.2. Results and Conclusions

5.2.1. Influences of Roller Spacing on Bulge Deformation

Roller spacing was adjusted by changing the gap between the rollers. Under the condition of
constant casting speed (1.5 m·min−1), the bulge deformation was calculated with 350 and 400 mm
as the roller spacings. The average values of the bulge deformation were compared with that of a
300-mm roller spacing. The diameter of the roller was 230 mm. The results of slab bulge deformation
on the wide side, shown in Figure 10 and Table 6, were established by the simulation model with
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different roller spacings. It could be concluded that the approximate distribution of the slab bulge
deformation on the wide side would not change with a 50 mm increase of the roller spacing, and the
improvement of the three-segment roller for bulge deformation was most obvious. However, the bulge
deformation of the slab under the same continuous casting segmented roller increased greatly with the
increase of the roller spacing. The maximum increment of bulging deformation was 67.1% under the
rigid roller with the roller spacing changing from 300 to 350 mm. The maximum increment of bulge
deformation under the elastic roller was 47.4%, with the roller spacing changing from 350 to 400 mm.
The maximum increment of bulge deformation under the two-segment roller was 37.5%, with the
roller spacing changing from 300 to 350 mm. The maximum increment of bulge deformation under the
three-segment roller was 60.0%, with the roller spacing changing from 300 to 350 mm. The bulging
increase was about the same for the rigid roller and the three-segment roller. This also proved that
the effect of the three-segment roller was closest to that of the rigid roller on slab bulge deformation.
The minimum increment was 32.9% under the elastic solid roller with the roller spacing changing
from 300 to 350 mm.

Figure 10. The bulge deformation on the wide side with different roller spacings.

Table 6. Bulge deformation on the wide side with different roller spacings.

Roller Spacing
Rigid
Roller

Elastic
Roller

Two-Segment
Roller

Three-Segment
Roller

300 mm 0.82 mm 1.43 mm 1.28 mm 0.90 mm
350 mm 1.37 mm 1.90 mm 1.76 mm 1.44 mm
400 mm 1.93 mm 2.80 mm 2.38 mm 1.96 mm

An analysis of variance (Table 6) showed that the value of variance ratio was 158.45 under different
roller spacings, which was larger than the critical value of variance ratio (the critical value was 5.14).
The value of variance ratio was 35.38 under different segmented rollers, which was larger than the
critical value of variance ratio (the critical value was 4.76). This indicated that different roller spacings
and segmented rollers all have a significant effect on slab bulge deformation. Generally, the slab bulge
deformation on the wide and narrow sides increased with the increasing roller spacing. This was
because the area of the slab between the two rollers increased with the increasing roller spacing.
The effect of static pressure increased in the solidified shell, which indirectly reduced its stiffness. As a
result, the value of slab bulge deformation became larger as the roller spacing increased. This indicated
that roller spacing also played an important role in bulge deformation of the casting slab.
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5.2.2. Influences of Roller Diameter on Bulge Deformation

The influence of roller diameter was observed by using the deformation models under various
roller diameters and a constant roller spacing. The roller spacing was defined as 300 mm. The roller
diameters of the bulging model are shown in Table 5. The results of bulge deformation on the wide side
under different roller diameters are listed in Table 7. It was found that the slab bulge deformation under
the rigid rollers was almost unchanged with different roller diameters. This was because the rigid roller
was established by a rigid body that did not reform in the continuous casting process, and the changing
roller diameters had no influence on slab bulge deformation. The average deformation of the slab on
the wide side decreased by about 0.08 mm when the elastic solid roller diameter increased by 20 mm.
The influence of changing roller diameters on bulging deformation was relatively small due to the
low stiffness of the elastic solid roller. However, the slab bulge deformation was effectively influenced
by changing the segmented roller diameter by 20 mm, including the two-segment and three-segment
rollers. The maximum reduction of bulging deformation was 0.24 mm, with the two-segment roller
diameter changing from 250 to 270 mm, and the decrease remained around 21.8%. The minimum
reduction was 0.1 mm with the three-segment roller diameter changing from 230 to 250 mm, and
the decrease remained around 11.1%. This was because the elastic roller was deformed in the model,
which resulted in a larger contact area between the slab and the roller as the roller diameter increased.
In other words, the rigidity of the solidified shell was indirectly increased. The bulge deformation of
the continuous casting slab was effectively controlled with the improved stiffness of the solidified shell
and the casting roller. An analysis of variance (Table 7) showed that the value of variance ratio was
6.30 under different roller diameters, which was larger than the critical value of variance ratio (the
critical value was 5.14). The roller diameter had a significant effect on slab bulging deformation.

Table 7. Bulge deformation on the wide side with different roller diameters.

Roller Diameter
Rigid

Solid Roller
Elastic

Solid Roller
Elastic Two-Segment

Roller
Elastic

Three-Segment Roller

230 mm 0.82 mm 1.43 mm 1.28 mm 0.90 mm
250 mm 0.80 mm 1.37 mm 1.10 mm 0.80 mm
270 mm 0.80 mm 1.25 mm 0.86 mm 0.69 mm

In general, the slab bulge deformation increased with the increased roller spacing and decreased
with the increased roller diameter. The comparisons of average values of bulge deformation along
the wide side are shown in Figure 11. When the roller spacing was 400 mm and the roller diameter
was 230 mm, the maximum average value of bulge deformation along the wide side was 2.80 mm
with the elastic solid rollers. When the roller spacing was 300 mm and the roller diameter was
270 mm, the minimum average value of bulge deformation along the wide side was 0.69 mm with the
three-segment rollers; the difference was of 2.11 mm in comparison with the previous one. The bulge
deformation was reduced by 75.4%. The optimized structural parameters could effectively control slab
bulge deformation.

112



Metals 2019, 9, 231

Figure 11. Comparisons of slab bulge deformation with different segment roller structure parameters.

6. Discussion

Slab bulge deformation is an important factor that affects the quality of the slab. Most researchers
have focused on the deformation mechanism of the slab and rarely explored an effective way to control
slab bulge deformation. Also, rigid casting rollers were most commonly used in the slab bulging models
in order to simplify the calculations of slab bulge deformation. Although this simplification could
greatly reduce the model’s calculation time, the influence of roller deformation on slab deformation
was neglected. In this paper, the influence of segmented rollers on slab bulge deformation was
explored, and the structural parameters of segmented rollers were optimized to effectively control
the bulge deformation of the casting slab. Also, elastic casting rollers were introduced to replace the
traditional rigid casting rollers in the bulging model for simulation analysis to obtain more ideal results.
The results showed that elastic casting rollers were more suitable for analyzing slab bulge deformation
than rigid casting rollers. Then, by comparing the slab bulge deformation under the segmented and
solid rollers separately, it was found that the stiffness of the segmented rollers was greater than that of
the solid rollers, so that the bulge deformation of the slab could be effectively controlled. Finally, the
roller spacing and diameter of the segmented rollers were further studied. It was found that reducing
the segmented roller spacing and increasing the roller diameter could effectively control the bulge
deformation of the slab. The research results in this paper could provide an effective theoretical basis
for controlling slab bulge deformation in actual production.

7. Conclusions

A 3D finite element thermomechanical coupling model between segmented rollers and a casting
slab was established to investigate the influence of the segmented rollers on slab bulge deformation.
The traditional rigid continuous casting rollers were replaced by elastic continuous casting rollers in
these models, which is an advantage that this model has over traditional models. The main conclusions
are as follows:

(1) The slab bulge deformation under the elastic rollers increased by around 74.3% compared
with that of traditional rigid rollers. The results indicated that the stiffness of the casting rollers would
have a great influence on slab bulge deformation and the elastic rollers were more suitable for the slab
bulge deformation analysis.
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(2) The slab bulge deformation was 1.43 mm under the elastic solid rollers and was reduced
by 10.5% under the two-segment rollers compared with elastic solid rollers, while the slab bulge
deformation dropped by 37.1% under the three-segment rollers.

(3) The results showed that the bulge deformation could be controlled by reducing the roller
spacing or increasing the roller diameter. The slab bulge deformation on the wide side increased when
the roller spacing increased by 50 mm, with the maximum increase of 67.1% and the minimum increase
of 32.9%. The average value of the slab bulge deformation was reduced by about 15% when the roller
diameter was increased by 20 mm.

(4) The bulge deformation on the wide side was reduced by 75.4% when the roller diameter and
spacing of the segmented rollers were optimized. This result indicates that the optimized structural
parameters of casting segmented rollers could effectively control slab bulge deformation.
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Abstract: A three-dimensional mathematical model of gas−liquid two-phase flow has been
established to study the flow behavior of liquid steel in the tundish. The effect of the argon flow rate
and casting speed on the flow behavior of liquid steel, as well as the migration behavior of argon
bubbles, was investigated. The results from the mathematical model were found to be consistent
with those from the tundish water model. There were some swirl flows around the stopper when the
annular argon blowing process was adopted; the flow of liquid steel near the liquid surface was active
around the stopper. With increased argon flow rate, the vortex range and intensity around the stopper
gradually increased, and the vertical flow velocity of the liquid steel in the vicinity of the stopper
increased; the argon volume flow in the tundish and mold all increased. With increased casting speed,
the vortex range and intensity around the stopper gradually decreased, the peak value of vertical
flow velocity of liquid steel at the vicinity of the stopper decreased, and the distribution and ratio
of argon volume flow between the tundish and the mold decreased. To avoid slag entrapment and
purify the liquid steel, the argon flow rate should not be more than 3 L·min−1. These results provide
a theoretical basis to optimize the parameters of the annular argon blowing at the upper nozzle and
improve the slab quality.

Keywords: annular argon blowing; upper nozzle; flow behavior; argon gas distribution; tundish

1. Introduction

The tundish is a transitional container connecting the ladle and mold. The tundish makes the
liquid steel composition and temperature uniform. It also distributes liquid steel and, more importantly,
facilitates the removal of inclusions and then purifies the liquid steel. Many techniques have been
adopted in the tundish to remove inclusions such as retaining walls and dams, diversion walls,
tundish filtering, and electromagnetic stirring [1–4]. Moreover, the argon blowing in the tundish
could effectively reduce the amount of the inclusion and purify the liquid steel. The mechanism is
the injection of argon gas into the liquid steel in the tundish to form bubbles. Non-metallic inclusions
could then be transported to the liquid surface in the tundish for removal.

The argon blowing patterns in the tundish mainly include the long shroud, the bottom permeable
brick, the stopper, and the upper nozzle. Studies [5–7] of argon blowing through the long shroud
demonstrated that the micro-bubbles generated by argon blowing could improve the removal rate of
inclusions in the tundish, but these micro-bubbles had a short residence time in the tundish. Thus, the
effect of removing small inclusions is less obvious.
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Argon blowing through the bottom-permeable brick could effectively improve the flow pattern of
liquid steel and promote the flotation and removal of fine inclusions [8–13]. The movement route of
the liquid steel was more tortuous and closer to the liquid surface. This prolonged the residence time
of liquid steel, improved the mixing degree of the liquid steel, and reduced the dead zone volume in
the tundish. Argon blowing on the bottom-permeable brick could only stir and clean the liquid steel
above the permeable brick, but this could not effectively clean the liquid steel passing through the gap
between the tundish slope wall and the gas curtain. Most argon bubbles entered the tundish upper
nozzle and the submerged entry nozzle (SEN) when the argon was blown by the stopper [14]. This step
could clean the inner wall of the nozzle and reduce the adhesion of inclusions on the inner face of
the nozzle. Moreover, some of the larger argon bubbles floated directly in the tundish and interacted
with inclusions in the liquid steel during the floating process. This helped reduce the content of the
inclusions in the strand [15].

The bubbles generated by the dispersed permeable portion of the upper nozzle could form a
stable and continuous argon gas film between the inner wall of the nozzle and liquid steel [16–18].
This could effectively suppress the accumulation of inclusions such as Al2O3 on the inner wall of
the nozzle and reduce the risk of nozzle clogging. Concurrently, argon bubbles generated from the
ruptured gas film could wash the inclusions deposited on the inner wall of the nozzle [19].

Smirnov et al. [20–23] studied the argon-blowing process through a gas-permeable ceramic rod
embedded in the nozzle pocket brick. Here, the argon bubbles raised around the stopper and formed
an annular gas curtain barrier in the tundish. Their work showed that the technique could reduce the
adhesion of inclusions on the inner face of the nozzle and prevent the nozzle from clogging. The loss
of refractory material was significantly reduced versus argon blowing on the bottom-permeable brick.
However, the void region between the permeable ceramic rods could make the liquid steel entering
the tundish nozzle insufficiently clean. This would weaken the ability to remove inclusions in the
liquid steel.

The preceding studies are significant for effectively controlling the liquid steel flow by argon
blowing—this purifies the liquid steel in the tundish and prevents the nozzle from clogging. Here, we
propose to use an annular permeable brick with a certain width set in a pocket brick on the outside of
the upper nozzle to form a relatively complete annular gas curtain around the stopper. This is based on
the work of Smirnov et al. and will improve the effect of controlling fluid flow in the tundish. The rising
argon bubbles may promote the removal of inclusions in liquid steel of the tundish. Concurrently, the
argon bubbles partially entering into the nozzle can realize the function of argon blowing with the
stopper or upper nozzle to prevent the nozzle from clogging.

In this paper, we describe a three-dimensional mathematical model for the annular argon blowing
at the upper nozzle in the tundish based on the actual process conditions of a continuous slab-casting
tundish in a steel plant. The discrete phase model (DPM) was used to simulate the argon blowing
process to analyze the effects of different argon flow rates and casting speed on the flow behavior of
liquid steel and the migration behavior of argon bubbles in the tundish. In addition, the flow behavior
of liquid steel with the annular argon blowing at upper nozzle was analyzed and compared with the
established water model of the tundish. The results can be leveraged as a theoretical basis for the
optimization of the annular argon blowing at the upper nozzle and the improvement of slab quality.

2. Model Description

2.1. Model Assumption

(1) The effect of liquid slag on the flow behavior of liquid steel in the tundish is neglected.
(2) The flow of liquid steel is a transient incompressible flow, and the physical properties of the

liquid steel such as the density and viscosity are constant.
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(3) Argon bubbles are regarded as rigid spheres, the bubble size does not change during the
ascent, and the bubble diameters are distributed by Rosin−Rammler statistics, which were obtained
by the water model experiments of tundish.

(4) The transport of tracer in the tundish is an unsteady mass transfer process.

2.2. Governing Equations

The flow of the liquid steel in the tundish is a three-dimensional transient incompressible flow
and mass transfer process, which satisfies the basic physical laws of mass, momentum conservation.
The continuity equation and the momentum equation are described as follows.

Continuity equation:
∂ρ

∂t
+

∂(ρui)

∂xi
= 0 (1)

Momentum equation (N–S):

∂(ρui)

∂t
+

∂
(
ρuiuj

)
∂xj

= − ∂P
∂xi

+
∂

∂xj

[
μeff

(
∂ui
∂xj

+
∂uj

∂xi

)]
+ ρg + Fg (2)

where ρ is the fluid density, in kg·m−3; ui and uj are the velocity vectors, in m·s−1, i and j each represent
the three coordinate directions (x, y, and z), and repeated indices imply summation; P is the pressure,
in Pa; μeff is the turbulent effective viscosity coefficient, in Pa·s; g is the gravitational acceleration, in
m·s−2. Fg is a momentum source term, which accounts for the presence of argon bubbles, in N·m−3.
Here, the standard k-ε turbulence equations were used in the mathematical model. The governing
equations describing turbulent kinetic energy (k) and the dissipation rate of turbulence energy (ε) are,
respectively:
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∂ui
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+
∂ui
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)
(5)

μeff = μ0 + μt = μ0 + ρCμ
k2

ε
(6)

where μ0 is the dynamic viscosity, in Pa·s; μt is the turbulent viscosity, in Pa·s; k is the turbulent kinetic
energy of the fluid, in m2·s−2; ε is the turbulent energy dissipation rate, in m2·s−3. Terms Cl, C2, Cμ, σk,
and σε are empirical constants. The recommended values [11] of Launder and Spalding are Cl = 1.42,
C2 = 1.92, Cμ = 0.09, σk = 1.0, and σε = 1.0.

The trajectories and distributions of the argon bubbles are simulated using the discrete phase
model (DPM). An equation for argon bubble velocity is obtained considering the drag force, buoyancy
force, and virtual mass force exerted by the fluid on bubbles:

dug

dt
=

18μ

ρgd2
g
· CDReg

24
(
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)
+

πd3
g

6
(
ρg − ρ

)
g +

1
2

ρ

ρg

d
dt

(
ui − ug

)
(7)

where ug is the bubble velocity, in m·s−1; μ is the molecular viscosity of the fluid, in Pa·s; ρg is the
argon density, in kg·m−3; dg is the bubble diameter, in m; Reg is the relative Reynolds number of
bubbles; and CD is the drag coefficient [24], which is a function of Reg:

CD =

{
24

Reg
(1 + 1

6 Re
2
3
g ) ifReg < 1000

0.44 ifReg ≥ 1000
(8)
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Reg =
ρdg

∣∣ug − ui
∣∣

μ
(9)

The momentum transfer from the discrete phase towards the melt is computed by examining
their momentum change as [11,25]:

Fg =
N

∑
j
(

3μ0CDReg

4ρgd2
g

(ugj − ui))mpΔt (10)

where N is the number of bubbles in a computational cell, which can be determined by the particle
trajectory unsteady tracking method in Fluent software; ugj is the velocity of bubble in a computational
cell, in m·s−1, mp is the mass flow rate of argon bubbles, in kg·s−1, which equals the argon density
multiplied by the argon flow rate; Δt is the time step, in s, its value is 0.005 s.

In Equation (7), dg adopts a Rosin-Rammler distribution, and the different bubble size range is
divided into discrete size groups as shown in Equation (11).

Yd = e−(dg/d)
n

(11)

where Yd is the mass fraction with bubble diameter greater than dg; d is the average diameter of
bubbles, in m; and n is the distribution index. The mass flow with bubble diameter greater than dg

equals the mass flow rate of argon bubbles multiplied by the time step and the mass fraction with
bubble diameter greater than dg, the mass flow of different diameter range can be determined, and
then the number of argon bubbles of different diameter range entering into tundish from the annular
argon blowing brick can be determined.

In order to determine the residence time of liquid steel [26], the time evolution of tracer
concentration C in the tundish was described by Equation (12):

∂

∂t
(ρC) +

∂

∂xi
(ρuiC) =

∂

∂xi
(ρDeff

∂C
∂xi

) (12)

Deff = D0 +
μeff
ρSct

(13)

where C is the concentration of the tracer, in kg·m3; Deff is the effective diffusion coefficient, in m2·s−1;
D0 is the molecular diffusion coefficient in m2·s−1, and its value is 0; and Sct is the turbulent Schmidt
number and its value is 0.7.

2.3. Boundary Conditions

(1) The model inlet of tundish was set as the velocity-inlet, and the entry velocity was calculated
based on the mass conservation principle according to the section size of the strand, the casting speed,
and the inner diameter of the long shroud, namely, the velocity-inlet is equal to that the cross-sectional
area of strand is multiplied by the casting speed and divided by the cross section area of the long
shroud. The inlet value of k, the turbulence kinetic energy, and the ε, the rate of turbulence energy
dissipation, were estimated from the following relations:

k = 0.01u2
in (14)

ε =
k1.5

0.5Din
(15)

where uin is the inlet velocity, in m·s−1, and Din is the diameter of the inlet, in m. The value of Din is
0.07 m. When the casting speed was controlled to be 1.05 m·min−1, 1.2 m·min−1, 1.35 m·min−1 and
1.5 m·min−1, the value of uin was 1.965 m·s−1, 2.246 m·s−1, 2.527 m·s−1 and 2.808 m·s−1, respectively.
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(2) The outlet of the liquid steel was set as the pressure-outlet according to the immersion depth
of the SEN; the model outlet was the escape outlet for the argon bubbles.

(3) The surface of the molten pool was set as a free-surface [27], the normal velocity component
and normal gradients of all other variables were assumed to be zero, and the bubbles were trapped at
the liquid surface.

(4) Owing to the bilateral symmetry, only a half of the tundish is considered in the calculation in
order to lower the computation cost. On symmetry plane, the boundary condition for velocity field is
a zero normal component and zero gradient of tangential velocity component.

(5) The wall of the tundish was modeled as a no-slip wall boundary condition; the region near the
wall was treated with a standard wall function [28].

2.4. Numerical Method

A three-dimensional mathematical model was established according to the real size of the
industrial tundish. The schematic diagram of the tundish vertical view is shown in Figure 1.
The half-tundish was taken as the computational domain considering the symmetry of the tundish.
A schematic diagram of annular argon blowing at the upper nozzle in the tundish is shown in Figure 2.
The physical properties and operational parameters are shown in Table 1.

Figure 1. Schematic diagram of tundish vertical view.

Figure 2. Schematic diagram of annular argon blowing at the tundish upper nozzle.
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Table 1. Physical properties and process parameters.

Parameters Value

Liquid steel density (kg·m−3) 7000
Liquid steel viscosity (Pa·s) 0.0065
Argon gas density (kg·m−3) 0.27

Working liquid surface height of tundish (mm) 960
Inner and outer diameter of the shroud (mm) 70/120

Immersion depth of the shroud (mm) 250
Diameter of the stopper (mm) 127

Inner diameter of the upper nozzle (mm) 50
Sectional dimensions of the slab (mm × mm) 1235 × 175

The coordinate axis X was parallel to the intersection line of the tundish front wall and the
bottom wall, and the Y direction was perpendicular to the X direction. A schematic diagram of the
computational domain coordinate system is shown in Figure 3, and the flow field in XZ plane and YZ
plane will be shown for analyzing the effect of the argon bubbles on the flow of liquid steel.

Figure 3. Schematic diagram of regional coordinate system of half tundish in the model calculation.

A mathematical model was developed using the finite-volume-based program ANSYS-FLUENT
software (16.0, Ansys Inc., Canonsburg, PA, USA) based on these assumptions including the governing
equations and boundary conditions described above. The velocity of liquid steel at the inlet and
outlet of tundish is larger, and the flow behavior in the vicinity of stopper should be paid more
attention to. So, local grid refinement was applied to simulate the behavior of blowing argon in the
tundish; the meshes of the FLUENT computational domain included 6,700,000 unstructured grids
using ANSYS-ICEM software (16.0, Ansys Inc.). The mesh size is 2 mm in the argon bubble action
zone, and 8 mm far from the stopper. The SIMPLEC algorithm was applied to the velocity−pressure
coupling. The second upwind order scheme was employed for discretization of momentum, k, and
ε equations. The calculation was considered to be converged when the normalized residuals of all
variables were smaller than 10−4, when the flow field could achieve a relatively stable state. To reduce
the simulation time and ensure the balance of equations at a discrete point of time, a fixed time step of
0.005 s was used in the time-dependent solution.

Considering the interaction between the continuous phase and the discrete phase, the stable flow
field of the argon blowing in the tundish was obtained by calculating 15 s. Based on the stable flow
field of gas–liquid two-phase, the tracer with the same properties as the liquid steel was added to the
inlet of the stable flow field of the tundish for 1 s. The mixed flow of the tracer and the regional fluid
were calculated by the transient mode simulation for 3000 s to obtain the residence time distribution
(RTD) curve. The flow characteristics of the liquid steel in the tundish under different conditions were
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obtained by analyzing the RTD curve using the modified model proposed by Hong [29]. Next, we
compared the vertical velocity of the liquid steel in the vicinity of stopper to analyze the influence
of different process parameters on the flow of liquid steel. This was done 90 mm from the center of
the stopper. The argon gas distribution between the tundish and mold was obtained by counting the
number of bubbles entering the nozzle and the tundish in one second. The experimental outline is
shown in Table 2. Combined with the results of water model experiments of tundish, the parameters
of Rosin–Rammler distribution used in the calculation is shown in Table 3, then the mass fraction with
bubble diameter greater than dg can be determined by using of Equation (11).

Table 2. Mathematical simulation scheme.

Case Casting Speed (m·min−1) Argon Flow Rate (L·min−1)
Inner and Outer Diameter of

Annular Permeable Brick (mm)

Case 1 1.35 2, 3, 4, 5 220/280
Case 2 1.05, 1.20, 1.35,1.50 3 220/280

Table 3. Parameters of Rosin–Rammler distribution used in calculation.

Argon Flow Rate
(L·min−1)

Minimum Bubble
Diameter (mm)

Maximum Bubble
Diameter (mm)

Average Bubble
Diameter (mm)

Distribution
Index

2 0.6 2.85 1.6 2.82
3 0.65 2.90 1.8 4.61
4 0.7 2.95 2.0 5.08
5 0.80 3.0 2.2 7.96

3. Comparison of Flow Behavior in Mathematical Model and Water Model

The flow of liquid steel in the tundish is mainly affected by the viscous force, gravity, and inertial
force. The Froude number was chosen to ensure the motion similarity between the prototype and
the model. A water model of the tundish with a 1:2 scale was made to simulate the argon blowing
through the annular permeable brick in this work. When the argon flow rate was 3 L·min−1 and the
casting speed was 1.35 m·min−1, the inner and the outer diameters of the annular permeable brick
were 220 mm and 280 mm, respectively. The distribution of argon bubbles in the water model and
numerical simulation is shown in Figure 4, and the diffusion of the tracer in the tundish at the different
times is shown in Figure 5, the left-hand diagram in Figure 5 shows the calculated flow of liquid
steel in cross-section which is through the center of the lower diversion hole and the right side of the
retaining wall.

(a) (b) 

Figure 4. Distribution of argon bubbles in the tundish: (a) numerical simulation and (b) water model.

122



Metals 2019, 9, 225

 
(a) 

 
(b) 

 
(c) 

 
(d) 

Figure 5. Flow field of the tracer in the half-tundish at different times of numerical model (left-hand
diagram) and experiment (right-hand diagram): (a) 10 s, (b) 20 s, (c) 30 s, and (d) 40 s.

Figure 4 shows that the argon bubbles are asymmetrical on both sides of the stopper. The number
of argon bubbles on the left side of the stopper is significantly higher than that on the right side of the
stopper due to the action of the liquid steel flow.

Figure 5 demonstrates that the liquid steel departs from the diversion hole at the vicinity of the
stopper and then flows upward to the liquid surface with the floating argon bubbles. The left side in
Figure 5 is the flow field obtained by the mathematical modelling, right side is the flow field in water
model of tundish. There are multi-swirl flow zones around the stopper. The diversion hole is not in the
same XZ plane. It is part of the liquid steel that migrates from the back area of the stopper to the right
wall of the tundish. There is weakened swirl flow to the right of the stopper. The distribution behavior
of the argon bubbles calculated by the mathematical model is similar to that in the water model. Thus,
the flow field of the liquid steel calculated by the numerical simulation is similar to that in the water
model experiment.

4. Results and Discussion

4.1. Typical Flow Behavior of Liquid Steel in the Tundish with Annular Argon Blowing in the Upper Nozzle

When the casting speed was controlled at 1.35 m·min−1, the inner and outer diameter of the annular
permeable brick were 220 mm and 280 mm, respectively. The velocity streamlines of liquid steel in the
tundish without the argon blowing and with the argon blowing at 3 L·min−1 are shown in Figure 6.

Figure 6a demonstrates that the liquid steel entered into the tundish from the shroud, and spreads
after impinging on the turbulence controller. The liquid steel then passes through the diversion holes
of the retaining wall and migrates obliquely upward. For the viscous resistance of the liquid steel and
the obstruction of the stopper, the velocity at the near-surface of the liquid steel around the stopper
is reduced gradually when the argon blowing is not adopted. Thus, the laminar flow in the liquid
surface is weak, and there is no rising flow around the stopper.
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(a) (b) 

Figure 6. Velocity streamline of the liquid steel in the tundish: (a) without argon blowing and (b) with
argon blowing.

When argon is blown through the annular permeable brick, the streamline of the liquid steel in
the pouring area is obviously changed versus the pouring area without argon. Figure 6b demonstrates
that the liquid steel is driven by the floating bubbles. It moves up to the liquid surface and diffuses to
the surrounding area of the stopper. The liquid steel then moves to the vicinity of the tundish wall
and flows downward; some swirl flows near the stopper are formed, which can make the level flow
of liquid steel around the stopper active. The flow path of the liquid steel is extended, and the short
circuit flow is significantly decreased in the tundish.

The flow characteristics of the liquid steel in the tundish with and without argon blowing by the
mathematical calculation are shown in Table 4. Table 4 shows that the average residence time and
the volume fraction of plug flow of liquid steel in the tundish increase with blowing argon versus no
argon blowing. Thus, the annular argon blowing is beneficial to the floating and removal of inclusions
in liquid steel.

Table 4. Flow characteristics of the liquid steel in the tundish with and without blowing argon.

Process Condition
Average Residence

Time (s)
Volume Fraction
of Plug Flow (%)

Volume Fraction
of Dead Zone (%)

Volume Fraction
of Mixed Flow (%)

without argon 592.12 30.91 12.75 56.34
with argon 593.56 31.59 12.53 55.88

4.2. Effect of Flow Rate of the Argon Blowing on the Flow Behavior of Liquid Steel in the Tundish

Figure 7 shows the flow behavior of the liquid steel along the XZ plane and the XY plane around
the stopper in the tundish, the width of the XZ plane is only the distance between the diversion wall
centerline and the right side wall of the tundish. The casting speed was 1.2 m·min−1, and the inner and
outer diameters of the annular permeable area in the nozzle pocket brick were 220 mm and 280 mm,
respectively. The argon flow rate was 2 L·min−1, 3 L·min−1, 4 L·min−1, and 5 L·min−1. Under the
same conditions, the vertical velocity of the liquid steel in the vicinity of the stopper is shown in
Figure 8. The argon flow rate of 0 in Figure 8 indicates that the argon flow was absent.

 
(a) 

Figure 7. Cont.
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(b) 

 

(c) 

 

(d) 

Figure 7. Flow behavior of liquid steel in the tundish under different argon flow rates: (a) 2 L·min−1,
(b) 3 L·min−1, (c) 4 L·min−1, and (d) 5 L·min−1.

The vortex range and intensity around the stopper increase gradually with increased argon
flowrates (Figure 7). The vortex center of liquid steel in the front, rear, and right sides of the stopper
move towards the tundish wall, and then move downward along the tundish wall. The vortex center
of liquid steel in the left side of the stopper moves towards the diversion wall. These flow behaviors
are related to the coupling effect of the upflow of liquid steel near the stopper and the normal flow
from the diversion hole. The flow intensity of the liquid steel near the tundish wall and diversion wall
then increase, which decreases the dead zone of liquid steel in the tundish.

The near surface flow of liquid steel can promote floating of inclusions in the tundish, and then
the increased flow rate of argon may improve the purity of liquid steel. However, an excessive surface
flow velocity of liquid steel may cause slag entrapment. When the argon flowrate was 2 L·min−1,
3 L·min−1, 4 L·min−1, and 5 L·min−1, the peak value of the surface flow velocity in the tundish was
0.38 m·s−1, 0.48 m·s−1, 0.52 m·s−1, 0.57 m·s−1, respectively. Slag entrapment may occur at surface
flow velocities over 0.45 m·s−1 [30]. The argon flow rate should therefore not be larger than 3 L·min−1.

As the distance from the upper nozzle surface increases, Figure 8 demonstrates that the vertical
flow velocity of the liquid steel in the vicinity of the stopper first increases and then decreases.
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It approaches 0 at the liquid surface in the tundish with blowing argon. These are related to the vortex
flow around the stopper when the liquid steel arrives at this level. The vertical flow velocity is 0
while the horizontal flow velocity of liquid steel is the largest. In the mathematical model, the liquid
surface was set to the free liquid surface in which the velocity variable at the normal direction is zero.
In practical operation, the liquid surface of the tundish is covered with a slag layer. The floating argon
bubbles around the stopper drive the liquid steel upward. The liquid steel from the left diversion hole
impinges on the back side of the stopper, and some argon bubbles were carried by the liquid steel to
the right side of the stopper as the argon bubbles floated. The vertical flow velocity is then higher
than that in the left-hand of the stopper. Moreover, the distance between the front wall of the tundish
and stopper is smaller, the floating argon bubbles cannot easily be dispersed. The driving effect of the
floating bubbles then increases, and the vertical flow velocity of the liquid steel in the front vicinity of
the stopper is higher.

There is no upflow of liquid steel without argon blowing. The liquid steel in the vicinity of the
stopper flowed directly into the upper nozzle, and the vertical flow velocity in Figure 8 is negative.
With increased argon flow rate, the driving effect of argon bubbles increases, and the vertical flow
velocity of the liquid steel in the vicinity of the stopper increases. The peak value of vertical flow
velocity of liquid steel increases with increased argon flow rate, and the peak value position also
increases. The difference in peak value and peak value position with vertical flow velocity in different
orientations is related to the coupling effect of the upflow of liquid steel near the stopper and the
normal flow from the diversion hole.

(a) (b) 

Figure 8. Vertical flow velocity of liquid steel in the vicinity of the stopper under different flow rates of
argon: (a) left side and right side of the stopper; (b) front side and back sides of the stopper.

Figure 9 shows the volume flow distribution and ratio of argon in the tundish and mold under
different argon flow rates. With increased argon flow rates, more argon bubbles may be released
from the annular permeable brick. The number of argon bubbles entering the tundish and SEN then
increases. The argon bubbles entering into the tundish nozzle can prevent the nozzle from clogging,
and the high flow rate of argon may be appropriate. The bubble dimension increases with increasing
argon flow rate. The larger bubbles float more easily, and the ratio of volume flow of argon between
the tundish and mold then increases with increasing argon flow rate.
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Figure 9. Volume flow distribution of argon under different argon flow rate.

4.3. Effect of Casting Speed on the Flow Behavior of Liquid Steel in the Tundish

When the flow rate of argon blowing was 3 L·min−1, the inner and outer diameter of the annular
permeable area in nozzle pocket brick were fixed at 220 mm and 280 mm, respectively, and the casting
speed was 1.05 m·min−1, 1.20 m·min−1, 1.35 m·min−1 and 1.50 m·min−1. The flow behavior of the
molten steel in the XZ plane and the XY plane at different casting speeds is shown in Figure 10.
The vertical flow velocity of liquid steel in the vicinity of the stopper at different casting speeds is
shown in Figure 11.

 

(a) 

 

(b) 

Figure 10. Cont.
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(c) 

 
(d) 

Figure 10. Flow behavior of liquid steel in the tundish under different casting speeds: (a) 1.05 m·min−1,
(b) 1.20 m·min−1, (c) 1.35 m·min−1, and (d) 1.50 m·min−1.

(a) (b) 

Figure 11. Vertical velocity of liquid steel in near area of stopper at different casting speeds: (a) left and
right sides of the stopper; (b) front and back sides of the stopper.

Figure 10 shows that the vortex range and intensity around the stopper decrease gradually with
increased casting speed. The vortex center of the liquid steel in different orientations moves towards
the stopper. A higher casting speed leads to more bubbles entering the nozzle. The floating effect of
the argon bubbles around the stopper weakens.

When the casting speed was 1.05, 1.20, 1.35, and 1.50 m·min−1, the flow velocity peak of the
liquid surface is 0.46, 0.50, 0.48, and 0.59 m·s−1, respectively. The high casting speed can weaken the
floating effect of the argon bubbles. The flow intensity near the back side of the stopper is high. This is
related to the high flow velocity of liquid steel in the diversion hole; thus, the flow velocity peak at the
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liquid surface is high when the casting speed is 1.50 m·min−1. This may lead to a slag entrapment
problem, which can be eliminated by increasing the diameter of the diversion hole under the high
casting speeds.

The peak value of the vertical flow velocity of liquid steel decreases with increased casting speed
(Figure 11). This is seen at the left, right, and front side of the stopper; the height of peak value position
also decreases. While the peak value of the vertical flow velocity of liquid steel at the back side of
the stopper increases, the peak value position also moves up—this is related to the high flow velocity
of liquid steel in the diversion hole, and can lead to slag entrapment. Thus, a high casting speed is
disadvantageous for removal of inclusions.

Figure 12 shows the volume flow distribution and ratio of argon in the tundish and mold under
different casting speeds. More argon bubbles were brought into the tundish nozzle with increased
casting speed. The ratio of volume flow of argon between the tundish and mold decreases. When the
casting speed is controlled to 1.05 m·min−1, the argon volume fraction in the mold is minimized
accounting for 15.9% of the total volume of blowing argon. This is 38.6% when the casting speed is
controlled to 1.5 m·min−1. The lower casting speed can promote the removal of nonmetallic inclusions
in the tundish for a high floating effect around the stopper. This increases the residence time of the
liquid steel. The high casting speed can catch more bubbles into the nozzle, which is beneficial to
prevent the nozzle from clogging. It is important to regulate the floating bubbles around the stopper
and the argon volume entering the nozzle.

Figure 12. Volume flow distribution of argon under different casting speeds.

5. Conclusions

(1) There was some swirl flow of liquid steel around the stopper when the annular argon blowing
at the upper nozzle was adopted. The liquid surface flow of liquid steel around the stopper is active,
and the average residence time of liquid steel in the tundish slightly increases.

(2) With increased argon flow, the vortex range and intensity around the stopper gradually
increase, and the vertical flow velocity of the liquid steel in the vicinity of the stopper increases.
The argon volume flows in the tundish and the mold both increase.

(3) With increased casting speed, the vortex range and intensity around the stopper gradually
decrease. The peak value of the vertical flow velocity of liquid steel at the vicinity of the stopper decreases,
and the distribution and ratio of argon volume flow between the tundish and the mold decrease.
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8. Cwudziński, A. Numerical and physical modeling of liquid steel flow structure for one strand tundish with
modern system of argon injection. Steel Res. Int. 2017, 88, 1–14. [CrossRef]
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Abstract: A 3D mathematical model was developed to simulate the electromagnetic field in Φ600 mm
round bloom continuous casting with final electromagnetic stirring (F-EMS), and the model was
verified using measured data for the magnetic flux density in the stirrer centre. The distribution
of electromagnetic force and the influence of current intensity and frequency were investigated.
The results show that the Joule heat generated by F-EMS is very small and its influence on secondary
cooling heat transfer in the stirring zone can be ignored. With an increase in current frequency,
the electromagnetic force density at R/2 and R/3 of the Φ600 mm round bloom first increases and
then decreases, reaching a maximum at 10 Hz.

Keywords: numerical simulation; round bloom; continuous casting; final electromagnetic stirring;
electromagnetic field

1. Introduction

Continuous casting is a process generally used in steel production to make the molten steel
solidified into a semi-finished billet, bloom, or slab for subsequent rolling in the finishing mills.
Electromagnetic stirring (EMS) technology is widely used in the continuous casting production of steel.
This technology utilises electromagnetic induction to provide a non-contact electromagnetic force to
enhance the molten steel flow, heat transfer, and mass transfer and to promote columnar to equiaxed
transition, thereby rectifying internal defects such as central segregation and shrinkage cavities [1].
According to different installation positions, three types of EMS exist in continuous casting steel. One is
situated at the caster mould, referred to as mould electromagnetic stirring (M-EMS); another is situated
along the strand in the secondary cooling zone, called a strand electromagnetic stirring (S-EMS);
the last one is situated near the solidification end of the strand, known as final electromagnetic stirring
(F-EMS) [2]. M-EMS is used in almost all billet/bloom casters. However, for high-carbon steel or
large-section strands, the use of M-EMS cannot completely improve the internal quality of the strand,
and F-EMS is generally required [3], which can more effectively improve the central porosity and
V-shaped segregation of the strand [4,5]. Therefore, detailed analysis of the electromagnetic field,
fluid flow, and solidification behaviour of the strand is very important for evaluating the impact of
F-EMS on various metallurgical operations in the continuous casting process, and the electromagnetic
field is the primary problem.

In 1986, Spitzer et al. deduced the analytical formula for the 2D electromagnetic force in an
infinitely long stirring system [6]. Recently, Vynnycky [7] derived another form of analytical solution
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for the same issue with Ref. [6] when the tangential magnetic flux density was employed as the
boundary condition. Trindade et al. [8], Yu et al. [9], and Liu et al. [10] studied the electromagnetic
field of M-EMS, highlighting the obvious shielding effect of mould copper on the electromagnetic
field, while that of F-EMS is different. Jiang et al. [11] and Sun et al. [3] focused mainly on fluid flow,
solidification, and mass transfer of the continuous casting strand with F-EMS and rarely discussed the
electromagnetic field. Therefore, this study aims to investigate the electromagnetic field in Φ600 mm
round bloom continuous casting with F-EMS by numerical simulation, as well as examining the
distribution features of the electromagnetic force and the influence of current intensity and frequency.

2. Mathematical Model

The continuous caster studied in this paper is produced by a domestic steel mill (Sunan Heavy
Industry, Suzhou, China). Figure 1 is a structural diagram of the continuously cast round bloom with
F-EMS. The origin of the coordinate is at the centre of the stirrer. The round bloom has a diameter of
600 mm and the stirrer core has a height of 300 mm.

Figure 1. Schematic illustration of final electromagnetic stirring (F-EMS) for round bloom continuous
casting. The air cylinder is not shown.

2.1. Basic Assumption

The fluid flow in a continuous casting round bloom with F-EMS can be described by Maxwell’s
equations and the Navier–Stokes equations, which are coupled by the electromagnetic force
density and the flow velocity of the molten steel. In view of the complexity of the F-EMS process,
several assumptions must be made in order to simplify the calculations.

1. In the F-EMS process, the magnetic Reynolds number (about 0.1) is far less than the shielding
parameter (about 10) [10,12] and the angular frequency of the current intensity is much larger
than the angular velocity of the molten steel; thus, the influence of the molten steel flow on
the electromagnetic field is negligible [13]. Therefore, this problem can be decomposed into an
electromagnetic problem and a fluid flow problem to be solved separately. In the present paper,
only the electromagnetic field was calculated without regard to the flow field and solidification.

2. Since the current frequency of F-EMS is generally in the range of 4 Hz to 10 Hz, which belongs to
the magnetic quasi-static field, the displacement current is ignored [8].
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3. Both the outer shell and the cooling water jacket of the stirrer are approximated as an air zone for
the benefit of the calculations.

4. The curve of the strand is negligible.

2.2. Control Equations

At low current frequencies, the time-varying electromagnetic field is assumed to be a magnetic
quasi-static field, and Maxwell’s equations can be simplified as follows [8]:

∇·B = 0 (1)

∇× B = μrμ0J (2)

∇× E = −∂B
∂t

(3)

J = σE (4)

where B is the magnetic flux density, J is the induced current density in the strand, μ0 is the vacuum
permeability, μr is the relative permeability, E is the electric field intensity, σ is the electrical conductivity,
and t is the time.

The electromagnetic force density at each element is calculated by harmonic analysis using
Equation (5) [8]:

Ftime = J × B (5)

The expression for the Joule heat power density generated by the induced current is calculated
from Equation (6) [14]:

Ptime = |J|2/σ (6)

The time in Equations (5) and (6) refers to the real and imaginary parts of the variable at 0◦ and
90◦, respectively.

Since F-EMS uses a sinusoidal current to generate a harmonic electromagnetic field, the magnetic
flux density, electromagnetic force density and Joule heat power density change with time. However,
at low current frequencies, both the shielding parameter and the interaction parameter are small, and it
is feasible to use the time-averaged electromagnetic force density and Joule heat power density [15].
Hence, the time-averaged values of the two variables are calculated from Equations (7) and (8) in the
post-processing to investigate the distribution characteristics [8]:

Fem = (F0 + F90)/2 (7)

Pave = (P0 + P90)/2 (8)

Because the time-averaged value of the magnetic flux density is 0, the time-averaged value of its
modulus is transiently calculated by using Equation (9):

Bmag = f

t0+1/ f∫
t0

|B|dt (9)

where f is the current frequency.

2.3. Boundary Conditions

An air cylinder with a radius of 0.9 m and a height of 2.2 m was established around the whole
stirring system to calculate the electromagnetic field. The tangential magnetic condition (∂Φ/∂n) = 0
was applied at the outer surface of the air cylinder, where Φ is the reduced scalar potential and n is
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the normal unit vector to the surface [8,10]. The three-phase coil excitation was applied with source
current intensity (I) and frequency.

2.4. Physical Properties

Before the Φ600 mm round bloom is completely solidified, its temperature is above 1173 K [16],
which is greater than the Curie point of the steel (about 1023 K) [17]. Therefore, the strand is a
paramagnetic material. In the calculation, it is considered that both the strand and the iron core of the
stirrer are isotropic materials and that their relative permeability is constant. The relevant physical
properties are as follows: the vacuum permeability is 1.257 × 10−6 H·m−1, the relative permeability of
the strand and air is 1.0, the relative permeability of the iron core is 1000, and the electrical conductivity
of the strand is 7.14 × 105 S·m−1.

2.5. Solution

When calculating the electromagnetic field, the length of the strand is 1.8 m. ANSYS Emag
software (ANSYS 14.0, ANSYS Inc., Canonsburg, PA, USA) was used to solve Maxwell’s equations
by the finite element method (FEM). We employed three different meshes to verify the independence
of the grid, which included 220,000, 270,000, and 350,000 elements, respectively. The comparison
between simulation results and experimental data indicated that the errors of the three meshes are
7.2%, 4.6%, and 4.0%, respectively. Hence, a mesh of 270,000 elements was selected to obtain the
mesh-independent results. The distribution of the electromagnetic field in the strand was obtained
and the time-averaged electromagnetic force density was extracted. Except for the transient analysis of
Bmag, other variables were calculated using harmonic analysis.

3. Results and Discussion

In order to validate the mathematical model of the electromagnetic field, the magnetic flux density
in the stirrer was measured along the axial direction without the strand and compared with the
numerical simulation results, as shown in Figure 2. The measurement of the magnetic flux density was
carried out in a Φ600 mm round bloom continuous caster at a domestic steel mill by using a portable
Gauss meter (Bell, FW5180). The calculated values agree well with the measured data, which supports
the correctness of the mathematical model and the solution method for the electromagnetic field.
Figure 2 also demonstrates that the magnetic flux density in the stirrer with the strand is significantly
lower than that without the strand, and the maximum value decreases from 55.4 mT calculated without
the strand to 51.1 mT with the strand. This is mainly due to the ‘skin effect’: the strand can shield the
electromagnetic field, resulting in a decrease in magnetic flux density.

 
Figure 2. Profile of the magnetic flux density along the axial direction for I = 350 A and f = 4 Hz.

Figure 3 shows the distribution of the magnetic flux density in both the cross-section and the
longitudinal section of the Φ600 mm round bloom at 400 A and 4 Hz. The magnetic flux density in the
cross-section is roughly circularly symmetrical, and it is greatest at the edge and gradually attenuates
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towards the centre, as shown in Figure 3a. In the longitudinal section, the maximum value of the
magnetic flux density appears in the middle of the stirrer and gradually weakens towards both ends,
as shown in Figure 3b.

 

Figure 3. Contour plot of the magnetic flux density in the (a) cross-section and (b) longitudinal section
for I = 400 A and f = 4 Hz.

Figure 4 displays the distribution of the time-averaged Joule heat power density in both
the cross-section and the longitudinal section of the Φ600 mm round bloom at 400 A and 4 Hz.
The characteristic of the Joule heat power density distribution is very similar to that of the magnetic
flux density. It can also be seen from Figure 4a that the distribution of Joule heat power density has
a hexagonal symmetry at the edge of the strand. This is because the iron core of the stirrer has six
protruding tooth parts (see Figure 1), and the Joule heat power density at the edge of the strand near
to them is large. Through the integral calculation, it is found that the Joule heat generated by F-EMS in
the strand is 5.3 kW, and the quantity of the secondary cooling heat transfer (P) in this region is about
201 kW, which can be approximately calculated using Equation (10) [18]. Therefore, the Joule heat is
small and negligible compared with the secondary cooling heat transfer in the stirring zone.

P = εδ
(

T4
S − T4

0

)
CH/1000 (10)

where ε is the emissivity of the steel (0.85 in the present study), δ is the Stefan–Boltzmann constant
(5.67 × 10−8 W·m−2·K−4), Ts is the surface temperature of the round bloom (about 1223 K), T0 is the
environmental temperature (about 373 K), C is the circumference of the round bloom, and H is the
height of the stirring zone, which is 1 m.
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(a) 

Figure 4. Contour plot of the time-averaged Joule heat power density in the (a) cross-section and
(b) longitudinal section for I = 400 A and f = 4 Hz.

Figure 5a demonstrates the vector distribution of the time-averaged electromagnetic force density
in the cross-section of the Φ600 mm round bloom. The electromagnetic force density is generally
distributed circumferentially, thereby causing the rotation of the molten steel. It is greatest at the edge
and decreases significantly towards the centre. Figure 5b shows the contour plot of the electromagnetic
force density in the longitudinal section, which has a distribution similar to the magnetic flux density
as well.

 

Figure 5. Distribution of the time-averaged electromagnetic force density in the (a) cross-section and
(b) longitudinal section for I = 400 A and f = 4 Hz.

Figure 6 compares the electromagnetic force density calculated by FEM with that obtained from
the analytical formula of the infinite-length stirring system deduced by Spitzer et al. [6]. Among the
three components of the electromagnetic force density, the tangential electromagnetic force density
is the largest, which is also the driving force of molten steel rotation. The tangential electromagnetic
force density calculated by FEM is greater than that calculated by the analytical formula, especially at
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the edge of the strand. However, in the effective area of F-EMS on the strand (r < R/2), the difference
between the two results is not large. In addition, the difference between the radial electromagnetic
force densities calculated by FEM and by the analytical formula is also not large. Finally, the axial
electromagnetic force density calculated by FEM is close to zero and negligible. In short, since the
electromagnetic force generated by F-EMS usually acts in a region smaller than R/2 in a round bloom,
it can be approximately calculated by the above analytical formula for the Φ600 mm round bloom.

 
Figure 6. Comparison of FEM-calculated electromagnetic force density with that of the analytical
solution by Spitzer et al. [6] in the middle plane of the stirrer for I = 400 A and f = 4 Hz.

Figure 7 illustrates the variation in the electromagnetic force density in the radial direction at
different current frequencies. It can be observed that when the frequency is small, the electromagnetic
force density has an approximately linear relationship with the radius, which is consistent with the
analytical formula [6]. However, when the frequency is greater than 8 Hz, the electromagnetic force
density is no longer linear with the radius due to the ‘skin effect’.

Figure 7. Electromagnetic force density profile as a function of radial distance at the middle plane of
the stirrer for various current frequencies and I = 200 A.

Figure 8 shows the effect of the current frequency on the magnetic flux density and induced
current density. It is found that different variations appear at different positions of the Φ600 mm round
bloom. At the edge of the strand (r = R), the frequency has little effect on the magnetic flux density,
while the induced current density increases significantly with increasing frequency. At r = R/2 of
the strand, an increase in frequency leads to a decrease in magnetic flux density, and the induced
current density first increases and then decreases, and the maximum value appears at 14 Hz. Since the
electromagnetic force density is the cross-product of the magnetic flux density and the induced current
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density, it can be inferred from Figure 8 that there is a peak in the electromagnetic force density as a
function of the current frequency.

 

Figure 8. Effect of current frequency on the magnetic flux density and the induced current density at
the middle plane of the stirrer for I = 200 A.

Figure 9 reveals the relationship between the electromagnetic force density and the current
frequency at different radii of the Φ600 mm round bloom. At the same current intensity,
the electromagnetic force density at the edge of the strand (r = R) gradually increases with increasing
frequency and remains basically constant until the frequency is greater than 16 Hz. However,
the electromagnetic force density at r = R/2 and R/3 of the strand reaches a maximum at a frequency
of 10 Hz and then gradually decreases. Since the radius of the melt core is generally less than R/2 at
the position where the strand is installed with F-EMS, the F-EMS of the Φ600 mm round bloom has the
highest stirring efficiency at a frequency of 10 Hz.

Figure 9. Effect of current frequency on the electromagnetic force density at different radii for I = 200 A.

Figure 10 shows the effect of current intensity on the magnetic flux density and the electromagnetic
force density. The former increases linearly with an increase in current intensity, while the latter has
a quadratic relationship with the current intensity, which is consistent with the analytical formula
deduced by Spitzer et al. [6].
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Figure 10. Effect of current intensity on the magnetic flux density and the electromagnetic force density
at the middle plane of the stirrer for f = 4 Hz.

4. Conclusions

The three-dimensional electromagnetic field in a continuous casting round bloom with F-EMS
was studied numerically, and the influence of current intensity and frequency on the electromagnetic
field was discussed. The following conclusions were obtained:

1. The Joule heat generated by F-EMS in a continuous casting strand is very small, and its influence
on the secondary cooling heat transfer in the stirring zone can be ignored.

2. Since the electromagnetic force generated by F-EMS usually provides stirring action in a region
less than R/2 of a round bloom, it is feasible to calculate it approximately using the analytical
formula for the infinite-length stirring system.

3. With increase in current frequency, the electromagnetic force density at R/2 and R/3 of the
strand first increases and then decreases, and it reaches a maximum at 10 Hz. The results of the
calculations show that the optimal current frequency of F-EMS is 10 Hz in continuous casting of
a Φ600 mm round bloom.

4. The magnetic flux density increases linearly with current intensity, while the electromagnetic
force density has a quadratic relationship with current intensity.
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Abstract: In the continuous-casting process, mold-level control is one of the most important factors
that ensures the quality of high-efficiency continuous casting slabs. In traditional mold-level prediction
control, the mold-level prediction accuracy is low, and the calculation cost is high. In order to improve
the prediction accuracy for mold-level prediction, an adaptive hybrid prediction algorithm is proposed.
This new algorithm is the combination of empirical mode decomposition (EMD), variational mode
decomposition (VMD), and support vector regression (SVR), and it effectively overcomes the impact
of noise on the original signal. Firstly, the intrinsic mode functions (IMFs) of the mold-level signal are
obtained by the adaptive EMD, and the key parameter of the VMD is obtained by the correlation
analysis between the IMFs. VMD is performed based on the key parameter to obtain several IMFs,
and the noise IMFs are denoised by wavelet threshold denoising (WTD). Then, SVR is used to
predict each denoised component to obtain the predicted IMF. Finally, the predicted mold-level signal
is reconstructed by the predicted IMFs. In addition, compared with WTD–SVR and EMD–SVR,
VMD–SVR has a competitive advantage against the above three methods in terms of robustness.
This new method provides a new idea for mold-level prediction.

Keywords: variational mode decomposition; empirical mode decomposition; support vector
regression; mold level; continuous casting

1. Introduction

In the modern steel industry, high-efficiency continuous casting technology has become the most
internationally competitive key technology [1]. The continuous casting process is a complex and
continuous phase change process. Many factors affect the quality of slabs. The research into the
key technology in the high-quality steel continuous-casting process is mainly focused on mold-level
precision, as well as the segment and secondary cooling dynamic control [2].

At present, mold-level control is mainly based on the principle of predictive control,
which combines prediction and control to improve the timeliness of prediction, but affects its accuracy.
In view of the large mold-level disturbance, Guo et al. [3] used the prediction method in mold-level
control. Aiming at the nonlinear characteristics of mold-level data, Tong et al. [4] carried out a
constrained generalized prediction method based on the genetic algorithm. Aiming at the strong
mold-level coupling characteristics, Qiao et al. [5] proposed an auto-disturbance suppression algorithm
based on neural network tuning. However, these prediction methods have not effectively overcome
the effects of mold-level noise.

Precise mold level monitoring is regarded as the key to improving continuous casting production
quality, as shown in Figure 1 [2–4]. It is an important source of reference data for casting speed control,
segment roll gap control, mold-cooling water control, and stopper rod opening control. If the mold
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level fluctuates too much, the following will occur. First, it will cause impurities on the surface of
the mold. Surface defects and internal defects of the slab are generated which affect the surface and
internal quality of the slab. Second, it will affect the casting speed, affecting productivity and the
production rhythm. Eventually, it will cause the slab and the continuous casting machine to stick
together, damage the tundish slide, and even cause downtime. Accurate prediction of the mold level
occupies an important position in the continuous casting production process. This paper proposes an
advanced mold level signal denoising method to prepare accurate data input for future mold level
prediction, realize the purpose of predictive control, and greatly reduce the occurrence of accidents
affecting quality and safety in the continuous casting production process.

Figure 1. Mold-level model.

A data-driven method for mold-level prediction is proposed in this paper, which provides a new
idea for mold-level control. The method takes variational mode decomposition (VMD) and support
vector regression (SVR) as its core ideas, and creates mold-level predictions driven by data to overcome
the influence of white noise caused by the casting speed and strong mold-level coupling.

Recent studies have shown that although there are many methods in the field of signal processing,
none of them is applicable to all signal data. Wavelet transform (WT)-based signal processing methods
are widely used, but wavelet denoising methods are limited by the selection of the wavelet basis function
and affect the generalization ability of the wavelet. Although the method based on empirical mode
decomposition (EMD) is widely used for the adaptability of its decomposition [6], the EMD method
has serious pattern aliasing and boundary effects which seriously affect the signal decomposition.
Especially in the process of signal noise processing, high-frequency components are often removed
directly, resulting in loss of effective information. Signal processing techniques based on the VMD
method have been widely used in recent years [7]. Compared with the EMD method, VMD effectively
avoids mode aliasing and boundary effects and can realize the frequency domain splitting of signals
and effective separation of components, which results in better noise and sample rate robustness.

For the prediction of time series, various prediction methods have appeared in the past several
decades. Traditional time-series prediction methods, such as regression analysis and grey prediction [8],
have some shortcomings, and the prediction accuracy of signals with large fluctuations needs to
be improved [9]. The numerical weather prediction model for predicting future wind speed using
mathematical models [10], multiple regression, exponential smoothing, the autoregressive moving
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average model (ARMA), and many others are used for wind-speed prediction, power prediction,
stock-trend prediction, etc. Traditional time-series prediction methods have low precision and poor
robustness to nonlinear disturbances. Mold level is non-linear and non-stationary in terms of the time
scale and does not satisfy Gaussian normal distribution. Traditional time-series prediction methods
are not suitable for mold-level prediction.

In recent years, with the rapid development of science and technology, artificial intelligence
technology has been widely used and introduced into the prediction of time series, and good prediction
results have been achieved [11]. Artificial neural networks (ANN) [12] and SVR [13] methods
are the main tools for dealing with non-linear, non-stationary time series. SVR is a small-sample
machine-learning method based on statistical learning theory, Vapnik–Chervonenkis (VC) dimension
theory, and the minimum structural risk principle. Based on limited sample information, it seeks
the best compromise between model complexity and learning ability to achieve the best promotion
effect [14,15]. Liu and Gao [16] established a method for the online prediction of the silicon content in
blast-furnace ironmaking processes. Compared with other soft sensors, the superiority of the proposed
method is demonstrated in terms of the online prediction of the silicon content in an industrial blast
furnace in China. Existing studies have shown that the ANN method takes a long time to calculate and
is prone to localized minimization [17–20], leading to overfitting and poor prediction results. SVR is
more robust to overfitting than ANN. The parameters of SVR can be improved by means of global
optimization. It can be used to improve the prediction performance of SVR.

This paper focuses on the use of a hybrid algorithm for a time-series prediction model, and it is
used for mold-level prediction. After comparing and discussing the hybrid algorithm for mold-level
prediction, a new idea for continuous-casting process improvement is proposed. Firstly, the model
uses EMD to decompose the original mold-level signal into several intrinsic mode functions (IMFs),
and the key parameter of the VMD is obtained by the correlation analysis between the IMFs. VMD
is performed based on the key parameter to obtain several IMFs, and the noise IMFs are denoised
by wavelet threshold denoising (WTD). Then, SVR is used to predict each denoised component to
obtain the predicted IMF. Finally, the predicted IMF reconstructs the predicted mold-level signal. The
rest of this paper is organized as follows. The VMD algorithm is introduced in Section 2. VMD–SVR
algorithms are introduced in Section 3. The performance of the three algorithms is compared through
experiments in Section 4. Section 5 concludes this paper and makes recommendations.

2. Basic Algorithm Research

2.1. Variational Mode Decomposition

VMD is a new type of signal decomposition method. This method redefines an amplitude
modulation-frequency modulation signal as an IMF, whose expression is

uk(t) = Ak(t) cos(φk(t)) (1)

where φk(t) ≥ 0 is the phase, Ak(t) is the amplitude, Ak(t) ≥ 0, ωk(t) = φ′k(t), and ωk(t) is the frequency.
In the interval range of [t − δ, t + δ], uk(t) can be regarded as a harmonic signal with amplitude

Ak(t) and frequency ωk(t), and δ = 2π/φ′k(t), where the prime denotes differentiation with respect to t.
The difference between VMD and EMD is that VMD is based on solving the variational problem

and uses the variational model principle in the process of obtaining the IMFs, so that the sum of the
estimated bandwidths of each IMF is minimized. The optimal solution of the constrained variational
model is solved. The center frequency and bandwidth of the IMF are updated in the process of solving
the variational model. The signal band is adaptively segmented based on the frequency domain of the
signal itself. Further, a narrowband IMF is obtained.
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The variational constraint model is as follows:

min{uk},{ωk}

{∑
k

∥∥∥∥∂t[
(
δ(t) + j

πt

)
× uk(t)]e− jωkt

∥∥∥∥2
2

}
s.t.
∑
k

uk = f
(2)

where j =
√−1; {uk} := {u1, u2, . . . uK} is the number of IMF; {ωk} := {ω1,ω2, . . . ,ωK} is the frequency

center of each IMF; and
∑

k : =
∑ K

k=1 is the sum of all modes. ‖‖22 is the square of the 2-norm.
We introduce the Lagrange function as

L({uk}, {ωk}, λ) = α
∑
k

∥∥∥∥∂t[
(
δ(t) + j

πt

)
× uk(t)]e− jωkt

∥∥∥∥2
2
+ ‖ f (t) −∑

k
uk(t)‖2

2
+

〈
λ(t), f (t) −∑

k
uk(t)

〉
(3)

where α is the penalty factor and λ is the Lagrange multiplier. ‖ f (t) −∑
k

uk(t)‖2
2

is the second penalty.

〈〉 is the integral mean of the variables.
The problem of solving the original minimum value can be transformed into the saddle point of

the extended Lagrange expression by the alternating direction method, which is the optimal solution
of the below formula:

un+1
k = arguk

minL(
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}
,
{
un+1

i≥k

}
,
{
ωn

i

}
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λn+1 = λn + τ

⎛⎜⎜⎜⎜⎜⎝ f (t) −
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un+1
k

⎞⎟⎟⎟⎟⎟⎠ (6)

where
∑
k

∥∥∥un+1
k − un

k

∥∥∥2
2
/‖un

k ‖22 < ε is the convergence condition; n is the number of iterations; and τ is

the update parameter.
Therefore, the original signal can be decomposed into K IMFs.
The calculation process of the VMD algorithm is as follows:

Step 1: Initialize
{
u1

k

}
,
{
ω1

k

}
, λ1 and n to zero;

Step 2: n = n + 1, execute the entire loop;

Step 3: Execute the loop k = k + 1 until k = K, update uk: un+1
k = argminL

uk

({
un+1

i<k

}
,
{
un

i≥k

}
,
{
un

i

}
, λn
)
;

Step 4: Execute the loop k = k + 1, until k = K, update ωk: ωn+1
k = argminL

ωk

({
ωn+1

i<k

}
,
{
ωn

i≥k

}
,
{
ωn

i

}
, λn
)
;

Step 5: Use λn+1 = λn + τ

(
f (t) −∑

k
uk(t)

)
to update λ;

Step 6: Given the discrimination condition ε > 0, if the iteration stop condition is satisfied, all the
cycles are stopped and the result is output, and K IMFs are obtained.

2.2. Support Vector Machine

SVM can not only solve the classification problem, but also solves the regression problem; the basic
model is the largest linear classifier defined in the feature space. SVM aims to achieve a distinction
between samples by constructing a hyperplane for classification so that the sorting interval between
the samples is maximized and the sample to the hyperplane distance is minimized.

Set a training data set for a feature space D = {(x1, y1), (x2, y2), . . . , (xm, ym)}, xi ∈ χ = 
n,
yi ∈ y = {+1,−1}, i = 1, 2, . . . , N, where xi is the i-th feature vector, yi is the class tag of xi.

The corresponding equation of the classification hyperplane is

h(x) = ω · x + b (7)
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where x is the input vector, ω is the weight, and b is the offset.
The classification decision function is

Sign(h(x)) (8)

{
h(x) > 0, yi = 1
h(x) < 0, yi = −1

(9)

The support vector machine is implemented to find ω and b when the interval between the
separation hyperplane and the nearest sample point is maximized. When the training set is linearly
separable, the sample points belonging to different classes can be separated by one or several straight
lines with the largest interval. The maximum interval is solved by the following formula:

maxγi = yi(
ω

‖ω‖ · xi +
b
‖ω‖ ) (10)

s.t. yi(
ω

‖ω‖ · xi +
b
‖ω‖ ) ≥ γ, i = 1, 2, . . . , N (11)

where γ is the geometric interval. Thus, we can obtain the linear separable support vector machine
optimization problem.

min
ω,b

1
2
‖ω‖2 (12)

s.t. yi(ω · xi + b) − 1 ≥ 0, i = 1, 2, . . . , N (13)

In the actual data set, there are many specific points, making the data set linearly inseparable; in
order to solve this problem, we introduce a slack variable for each sample point ξi ≥ 0, so that

yi(ω · xi + b) ≥ 1− ξi (14)

For each slack variable ξi, pay a price ξi, and the optimization problem becomes

min
ω,b,ε

1
2
‖ω‖2 + C

N∑
i=1

ξi (15)

where C > 0 is the penalty factor.
Most of the data are linearly inseparable; therefore, these data should be mapped to a

high-dimensional feature space through non-linear mapping, letting the non-linear problem be
transformed into a linear problem. The linear indivisible problem is transformed into a linearly
separable problem.

Introduce kernel functions:
K(xi, xj) = ϕ(xi) ·ϕ(xj) (16)

where the value of the kernel equals the inner product of two vectors, xi and xj.
At this point, we obtain

W(α) =
1
2

N∑
i=1

N∑
j=1

αiα jyiyjK(xi, xj) −
N∑

i=1

αi (17)

where α is the Lagrangian multiplier, αi ≥ 0, i = 1, 2, . . . , N, and N is the number of samples.
In this paper, the radial basis function (RBF) is chosen as the SVR kernel function, and the

expression is

K(xi, x) = exp(
−‖xi − x‖2

2g2 ) (18)
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where g is the kernel function coefficient.
At this point, the classification function becomes

f (x) = sign[
N∑

i=1

αiyi exp(
−‖xi − x‖2

2g2 ) + b] (19)

2.3. Empirical Mode Decomposition

EMD is an adaptive signal processing technique suitable for non-linear and non-stationary
processes [21]. In 1998, Huang et al. [6] proposed the empirical mode decomposition technology.
Based on time scales, EMD local features such as local maxima, local minima, and zero-crossings,
we decompose the signal into several IMFs and a residual; the IMFs are orthogonal to each other.
Modal decomposition is determined by the signal itself.

EMD satisfies the following basic assumptions:

(1) In the entire data set, the number of extreme values and the number of zero crossings must be
equal or at most have one point of difference.

(2) At any point, the average defined by the local maximum envelope and the minimum envelope
is zero.

Finally, the original signal is decomposed into

x(t) =
N∑

i=1

ci + rN (20)

where x(t) is the original signal, ci is the IMF, N is the number of IMFs, and rN is the residual.

2.4. Wavelet Threshold Denoising

Suppose the model of denoising based on wavelet transform is

x = c + σe (21)

where x is the noise signal; c is the effective signal; e is the noise component in the noise signal; and σ is
the noise intensity.

The wavelet transform and its denoising process are carried out in the following steps [22]:

(1) The noisy signal is transformed by wavelet transform. A wavelet basis is selected to determine
the level N of the wavelet decomposition at the same time, and then the signal x is decomposed
by the N-level wavelet.

(2) The wavelet coefficients are thresholder. In order to keep the overall shape of the signal unchanged
and keep the effective signal, the hard threshold, soft threshold or other threshold methods are
used to quantify the sparseness of each layer after decomposition.

(3) The inverse wavelet transform is performed, and the signal is reconstructed.

In this paper, a hard threshold denoising function is selected. Hard threshold processing compares
the absolute value of wavelet transform coefficients with the threshold value. The coefficients smaller
than or equal to the threshold value become zero, and the coefficients larger than the threshold value
remain unchanged [23]. This method has better amplitude-preserving characteristics [24] and its
expression is as follows:

S =

{
s, |s| � T
0, |s| < T

(22)

where T is the threshold, and s is the wavelet decomposition coefficient.
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3. Hybrid Algorithm Research

Mold-level prediction accuracy is influenced by many factors. In order to improve mold-level
prediction accuracy, firstly, the noise in the original signal should be removed as much as possible.
Then, we improve the prediction accuracy by using advanced prediction algorithms such as SVR. Thus,
a prediction model based on the VMD–SVR algorithm for mold-level prediction is proposed in this
paper. A hybrid algorithm flow chart is shown in Figure 2.

K

 

Figure 2. Hybrid algorithm flow chart. EMD—empirical mode decomposition; VMD—variational mode
decomposition; IMF—intrinsic mode functions; WTD—wavelet threshold denoising; SVR—support
vector regression.

Firstly, the original mold-level signal is subjected to data preprocessing to remove singular points.
Then, all data are marked in the range of 0 to 1 to improve computational efficiency. Finally, the hybrid
model is used for data prediction.

The hybrid algorithm flow is as follows:

Step 1: Adaptively decompose the mold-level data based on the EMD algorithm to obtain several IMFs;
Step 2: The K value of the key parameter of the VMD is obtained by the correlation analysis between

the IMFs;
Step 3: Perform VMD decomposition on the original signal based on K to obtain K IMFs;
Step 4: Denoise the noise related component;
Step 5: Perform SVR on the denoised IMFs and other IMFs to obtain the predicted IMFs;
Step 6: Reconstruct the predicted component and obtain the predicted signal.

First, the mold-level signal is decomposed into several IMFs by the EMD, and the modal parameter
K of the VMD is determined by correlation analysis between the IMFs. Then, the mold-level signal is
decomposed into K IMFs by VMD, and the IMFs are analyzed to identify the noise dominant component,
and the signal dominant component uses correlation analysis between the IMFs. Afterwards, in order to
avoid the loss of effective information, the noise-related component is denoised by the WTD algorithm,
and the effective information is effectively retained. SVR is performed on the denoised IMFs and
other IMFs to obtain the predicted IMFs. Finally, the predicted IMFs are reconstructed to obtain the
predicted signal.

The IMFs are obtained by adaptively decomposing the original mold-level data based on the novel
VMD–SVR hybrid algorithm, the main purpose of which is to distinguish the noise-dominant IMFs
and information-dominant IMFs. In order to preserve as much valid information as possible in the
original mold-level data, denoising the noise-dominant IMFs can effectively remove the effects of white
noise. Then, SVR is performed on all IMFs, the predicted IMFs are obtained for signal reconstruction,
and the predicted mold-level data is obtained.
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4. Experimental Studies

4.1. Problem Prescription

This paper presents a mold-level prediction model. This model is important for mold-level control
and propose new ideas to improve continuous-casting automatic control. In order to clearly express
the applicability, superiority, and generalization capability of the model application, the mold-level
data of actual process parameters, collected from the continuous casting machine developed by the
China National Heavy Machinery Research Institute Co., Ltd. (Xi’an, China), are used in this paper.
We used an eddy current sensor to collect the mold-level signal at a steady cast speed. There are
many uncertain disturbance factors in the mold-level control process, and the disturbance may change
constantly at any time. Most of the disturbances are non-linear and non-stationary, and the long-term
prediction model is difficult to establish.

A continuous casting production process data acquisition graph is presented in Figure 3. The time
interval Δt = 0.5 h, and the sampling frequency was 2.7 Hz.

 
Figure 3. Mold level. The unit of the mold level is mm, while m is the number of points.

The main technical parameters of the continuous casting machine are shown in Table 1.

Table 1. Main technical parameters of the continuous casting machine.

Project Specification

Continuous-casting machine model Curved continuous caster
Secondary cooling category Aerosol cooling, dynamic water distribution

Gap control Remote adjustment, dynamic soft reduction
Basic arc radius/mm 9500

Mold length/mm 900
Metallurgical length/mm 39,200

Mold vibration frequency/time/min 25–400
Mold vibration amplitude/mm 2–10

Slab width/mm 900–2150
Slab thickness/mm 230/250

Working speed/m/min 0.8–2.03
Actual cast speed/m/min 1.3

Slab section size/mm ×mm 230 × 1350
Mold oscillation frequency/Hz 1.36

Actual oscillation amplitude of mold/mm 60

4.2. Mold-Level Prediction Based on VMD–SVR Model

The VMD decomposition number is artificially determined, not adaptive. EMD is an adaptive
decomposition method. Therefore, in order to minimize the interference of human factors,
we decomposed the original data using EMD, and through the calculation of the correlation coefficient,
a component having the largest correlation coefficient with the original signal was obtained as a
boundary line between the high-frequency signal and the low-frequency signal, the high-frequency
signal was integrated into one component, and the remaining components were retained to determine
the number K of VMD decomposition.

First, the original data was subjected to EMD decomposition; the EMD decomposition results are
shown in Figure 4.
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(b) 

Figure 4. (a) Mold-level data EMD results; (b) spectrogram after EMD of the mold-level data; di is
the i-th IMF, the unit of di is mm, m is the number of points, res is the residual, and fi is the spectrum
corresponding to the i-th IMF.

After the mold-level data is decomposed by the EMD as shown in Figure 3, the correlation
coefficient between the original mold-level signal and the IMFs after EMD was determined, as shown
in Table 2; IMFs 1–3 were seen to be weakly correlated with the original mold-level signal. There was a
strong correlation between the original mold-level signal and the fourth IMF. We used IMFs 1–3 as a K
value in the VMD decomposition, which is considered to be a high-frequency component of IMFs 1–3,
and took the remaining IMF as 6 K values, thus obtaining K = 7, and performing VMD decomposition
based on K = 7, which is not a simple direct merger of IMFs 1–3.

Table 2. The correlation coefficient between the original mold-level signal and the IMFs after EMD.

IMF Correlation Coefficient

IMF 1 0.06
IMF 2 0.0906
IMF 3 0.1348
IMF 4 0.8474
IMF 5 0.1579
IMF 6 0.0196
IMF 7 0.0061
IMF 8 0.0598
IMF 9 0.0585
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The VMD decomposition of the mold-level data was based on K = 7. The decomposition result is
shown in Figure 5.

 
(a) 

 
(b) 

Figure 5. (a) Mold-level data VMD results; (b) spectrogram after VMD of the mold-level data; di is the
i-th IMF, the unit of di is mm, m is the number of Point, and fi is the spectrum corresponding to the
i-th IMF.

It can be seen from Figure 4 that the mold-level data could clearly distinguish the center frequency
of each IMF based on K = 7 decomposition, and no pattern aliasing occurred.

After the mold-level data was decomposed by the VMD, as shown in Figure 5, the correlation
coefficient between the original mold-level signal and the IMFs after VMD was calculated, as shown
in Table 3; IMFs 1–5 were weakly correlated with the original mold-level signal. There was a strong
correlation between the original mold-level signal and the fourth IMF. Therefore, IMF 6 was a boundary
line between the high-frequency signal and the low-frequency signal; high-frequency signals may
also contain a small amount of effective information, and so, in order to minimize the loss of effective
information, we performed wavelet threshold denoising on high-frequency signals (IMFs 1–5) instead
of directly deleting them.

Table 3. The correlation coefficient between the original mold-level signal and the IMFs after VMD.

IMF Correlation Coefficient

IMF 1 0.0279
IMF 2 0.0360
IMF 3 0.0429
IMF 4 0.0638
IMF 5 0.1769
IMF 6 0.8847
IMF 7 0.4560
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It can be seen from Figure 6 that the noise reduction effect for IMFs 1–5 was very obvious. Both the
main frequency and the amplitude had a large reduction.

(a) 

 
(b) 

Figure 6. (a) Denoising result of IMFs 1–5; (b) spectrogram of the mold-level data after denoising; di is
the i-th IMF, the unit of di is mm, m is the number of points, and fi is the spectrum corresponding to the
i-th IMF.

Then, SVR was performed on the all IMFs. In this section, the genetic algorithm was still used
to globally optimize the model parameters C and g, so that the SVR model was determined. C was
15.2768 and g was 0.2018. The first 20 min of mold-level data was used as a training set, while the last
10 min of mold-level data was used as a test set in order to verify the prediction effect of the model.
This method has high computational efficiency, high calculation accuracy, and can be run in real-time.

The optimization results of C and g are shown in Figure 7; fitness was the hit rate of the genetic
algorithm. The predicted data of VMD–SVR are shown in Figure 8, and the VMD–SVR prediction
error is shown in Figure 9.

Figure 7. C and g optimization results. C is the penalty coefficient, g is the parameter of kernel function.
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Figure 8. Comparison of VMD–SVR prediction results with original mold-level data. m is the number
of points.

Figure 9. VMD–SVR prediction error. m is the number of points.

5. Prediction Results and Analysis

In this section, the performance of the three hybrid prediction algorithms is verified by the
following four statistical indicators, which are the general purpose of the machine learning domain
verification algorithm, and the optimal hybrid prediction model suitable for the mold steel level of the
mold is selected.

Correlations between the original data and the predicted data, which is characterized by correlation
coefficients (R):

R =
Cov(Pi, Ai)√

Var(Pi) ·Var(Ai)
(23)

CC is defined as a statistical indicator and is used to reflect the close relationship between variables;
the larger the CC, the better the algorithm performance.

Root mean square error (RMSE)

RMSE =

√∑n
i=1 (Pi −Ai)

2

n
(24)

RMSE is defined to reflect the degree of dispersion of a data set and to measure the
deviation between the observed value and the true value; the smaller the RMSE, the better the
algorithm performance.

Mean absolute error (MAE)

MAE =

∑n
i=1|Pi −Ai|

n
(25)

MAE is defined as the average value of absolute error, better reflecting the actual situation of
predicted error; the smaller the MAE, the better the algorithm performance.

Mean absolute percentage error (MAPE)

MAPE =

∑n
i=1

∣∣∣∣Pi−Ai
Ai

∣∣∣∣
n

× 100 (26)

MAPE can be used to measure the outcome of a model’s predictions; the smaller the MAPE,
the better the algorithm performance.

In Formulas (23)–(26), where Pi and Ai are the i-th predicted and actual values, respectively, and n
is the total number of predictions.

From the test results in Table 4 and Figure 10, comparing the four indicators of the three algorithms,
the test results of the average error in the algorithm described in this paper are inferior to the other two
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algorithms. However, in the test results of the other three indicators, the RMSE index is improved
by 36.1%, the MAPE index is improved by 37.5%, the R is improved by 3%, and the MAE index is
improved by 37.6%. Compared with WT and EMD, the VMD algorithm has shown great superiority,
which not only rejects the dependence of the wavelet transform on basis function, but also avoids the
boundary effect and pattern aliasing of empirical mode decomposition and improves the robustness of
the algorithm and generalization ability.

Table 4. Test results comparison of prediction model. R is correlation coefficients; RMSE is root mean
square error; MAE is mean absolute error; MAPE is mean absolute percentage error.

Algorithm R RMSE MAE MAPE

WT–SVR 0.9733 1.0824 0.9601 0.092316
EMD–SVR 0.9691 0.9480 0.7662 0.073558
VMD–SVR 0.9992 0.6910 0.5983 0.057686

 
Figure 10. Prediction error between VMD–SVR and other methods. m is the number of points.

6. Conclusions

This paper proposes a prediction method based on VMD–SVR, which is suitable for mold-level
prediction in continuous casting. In this method, the original mold-level data are adaptively
decomposed by the EMD algorithm to obtain the effective IMF number K, via correlation coefficient
analysis between the original mold-level signal and IMFs. The VMD decomposition of the original
mold-level data is performed based on K, and the IMFs are obtained. Time-series prediction is
performed for each IMF via SVR, and the VMD reconstruction is performed on the prediction result
to obtain the final predicted mold-level signal. In order to verify the effectiveness of the proposed
method, we compared the four statistical indicators of three algorithms; the conclusions are as follows.

(1) The VMD–SVR algorithm can be used to establish the prediction model, removing noise while
retaining the effective information in the data, with good denoising performance and sampling
rate robustness;

(2) In comparison with the results of the other two algorithms, the three indicators of the VMD–SVR
algorithm are significantly better than those of the other two algorithms. The RMSE index is
improved by 36.1%, the MAPE index are improved by 37.5%, the R is improved by 3%, and the
MAE index is improved by 37.6%;

(3) The use of mold-level prediction methods in the research on mold prediction control represents a
future research direction. Accurate mold-level prediction provides a new idea for mold-level
prediction control, which has important practical significance;

(4) Using the accurately predicted mold-level data for mold-level control, the sliding nozzle and
roller pressure disturbances can be well restrained. The anti-interference ability of the mold level
control system is enhanced.

The potential feedback between the mold level controller and the mold level prediction will
improve the accuracy and efficiency of the prediction model, which will be the focus of further research
in a future paper.
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Abstract: Inclusions entrapped by the solidifying front during continuous casting would deteriorate
the properties of the final steel products. In order to investigate the inclusion motion and the
entrapment during the full solidification in curved billet caster, the present work has developed
a three-dimensional numerical model coupling the flow, solidification, and inclusion motion. The
predicted result indicates that the inclusion distribution inside the liquid pool of the mold is not
perfectly symmetrical. Furthermore, the motion and the entrapment of micro inclusions in the mold
are mainly affected by the molten steel flow pattern, however, those of macro inclusions depend
both on the molten steel flow pattern and the buoyancy force of the inclusions. In the curved part of
the strand, macro inclusions shift to the solidifying front of the inner radius as time goes on, while
the solidifying front of the outer radius cannot entrap inclusions. The distributions of inclusions
smaller than 5 μm in the solidified strand are even. However, for inclusions that are larger than
5 μm, their distributions become uneven. To validate the model, measurement of the strand surface
temperature and the detection of inclusions in samples obtained from a plant have been performed.
Good agreement is found between the predicted and experimental results.

Keywords: numerical simulation; molten steel flow; solidification; inclusion motion; inclusion
entrapment; billet continuous casting

1. Introduction

Inclusions inside a steel matrix have a detrimental impact on the performance of steels, such as
their strength, toughness, fatigability, surface appearance, etc. [1–4]. Hence, the removal of inclusions
from the molten steel is a critical issue throughout the steelmaking process. In particular, continuous
casting is the last opportunity for the removal of inclusions from the molten steel. Inclusions that
were carried by the molten steel are injected into the continuous casting mold. It is believed that a
portion of these inclusions would rise in the mold and finally be absorbed by the mold flux. However,
the remainder would inevitably be entrapped by the solidifying front while they move inside the
liquid pool of the strand. Therefore, an in-depth investigation on the inclusion motion, removal,
and entrapment during the full solidification in a continuous casting strand is essential, and it can
provide theoretical guidance for the improvement of the steel cleanliness and properties. It is very
difficult to research the inclusion motion and entrapment during the continuous casting by plant
measurements or physical experiments. Fortunately, numerical simulation is an appropriate method
to study the inclusion motion and entrapment during the continuous casting.

In recent years, extensive research has been conducted on the particle (inclusion, bubble)
behaviors during the continuous casting by method of numerical simulation [5–41]. Many previous
studies have investigated particle behaviors in continuous casting strands using continuum [5,6] or
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Eulerian–Eulerian multiphase flow models [7–9]. Lei H. et al. [5] studied the inclusion collision-growth
in a slab continuous caster using a continuum model. The spatial distributions of the inclusion volume
concentration and number density were revealed. Through coupling the electromagnetic force into
the continuum model, Lei H. et al. [6] investigated the effect of in-mold electromagnetic stirring
(M-EMS) on the inclusion collision-coalescence and the spatial distributions in a bloom caster. Due to
the M-EMS, Archimedes force and Archimedes collision were considered for inclusions in the study.
Liu Z. et al. [7–9] used the inhomogeneous Multiple Size Group (MUSIG) model or the average bubble
number density (ABND) model under the Eulerian-Eulerian framework to describe the bubbly flow in
slab continuous casting.

Many researchers [10–41] have studied the particle transport (motion, removal, and entrapment)
in the continuous casting strand through Lagrangian descriptions for the inclusions or argon bubbles.
Liu Z. et al. [14] studied the influence of electromagnetic brake (EMBr) on the transient fluid flow and
inclusion transport (motion, removal) in a slab continuous casting mold through a three-dimensional
(3D) mathematic model. In the study, the transport of inclusions inside the mold was calculated
employing the Lagrangian approach. The results indicated that the inclusion transport inside the mold
was asymmetric. When compared with no EMBr, the removal of inclusions for the EMBr arrangement
was enhanced, nevertheless, that for the flow-control mold (FCM) arrangement was reduced.

Several previous works [24–41] have researched the entrapment of particles (inclusions, argon
bubbles) by the solidifying front in continuous casting strand. Liu Z. et al. [37] developed a 3D
numerical model coupling the fluid flow, solidification, and inclusion motion. In order to investigate
the transport of inclusion clusters, an inclusion cluster model was developed based on the fractal
theory and the conservation of mass. The flow and solidification of molten steel, the motion, and the
entrapment of inclusion clusters in a vertical-bending continuous casting caster were studied through
the coupling model. Thomas B. et al. [38] constructed a computational model coupling turbulent fluid
flow and particle transports. In addition, a particle-capture model that was based on local force balances
was also coupled into the computational model. Through the coupling model, the work simulated
the entrapment of slag inclusions and bubbles during the thin-slab continuous casting. This paper
adopted both Reynolds Average Navier-Stokes (RANS) and Large Eddy Simulation (LES) approaches
to calculate the turbulence flow field. The results indicated that, particle capture depended on factors,
such as particle size and density, molten steel transverse fluid, Primary Dendrite Arm Spacing (PDAS),
solidification front orientation angle, and sulfur concentration gradient. Wang S. et al. [40] investigated
the influence of electromagnetic parameters on the motion and the entrapment of inclusions in FCM
continuous casting strands through a coupling mathematical model. The results suggested that
the region about 5 mm beneath the slab surface became cleaner, and the aggregation of inclusions
were eliminated while the upper and lower magnetic fields of the FCM increased. The above works
researched the particle motion and the entrapment in the mold region or a part of the continuous
casting strand.

Zhang L. et al. [41] conducted a study on the inclusion entrapment in the full length of a billet
caster by means of numerical simulation. In the work, the geometry model was straight throughout
the computational domain. However, most of the commercial continuous casters involve a curved
part. The inclusion motion and entrapment in a curved continuous casting strand may have distinctive
characteristics. At present, studies about the inclusion motion and entrapment during the full
solidification in a curved continuous casting strand have not been reported.

The scope of the current work was to develop a three-dimensional numerical model to investigate
the inclusion motion and entrapment during the full solidification in a curved billet caster. To validate
the model, measurement of the strand surface temperature and the detection of inclusions in samples
that were obtained from a plant have been performed.
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2. Numerical Methodology

2.1. Assumptions

In the present work, the following assumptions are made in the cause of simplifying the
numerical model:

1. treating the molten steel as an incompressible Newtonian fluid;
2. the influence of the mold taper and oscillation are not considered;
3. the mold flux and the level fluctuation of the molten steel are not neglected;
4. the free surface of the mold is assumed to be adiabatic;
5. the latent heat of the solid phase transformation is negligible, only the latent heat of solidification

is considered;
6. the inclusion is treated as spherical alumina inclusion, and its density is constantly 3500 kg·m−3;
7. the aggregation and breakup of inclusions are not taken into account; and,
8. the influence of inclusion motion on the flow and the heat transfer of the molten steel is ignored.

2.2. The Model Details

The numerical model mainly involves two parts: the flow-solidification model and the inclusion
motion model. The flow-solidification model can be found in the previous work [42], moreover,
the inclusion motion model can be found in the previous work [31].

In the previous work [42], to calculate the molten steel heat transfer and solidification,
the enthalpy-porosity technique was employed. In the enthalpy-porosity technique, the influence of
solidification on the molten steel flow velocities is considered, through introducing a source term into
the momentum conservation equation of the molten steel. The source term takes the following form:

SU =
(1 − f )
f 3 + e

Amush

(
⇀
V −⇀

Vcast

)
, (1)

where f is liquid fraction of steel, e is a small number (0.001) to prevent division by zero, and Amush is
permeability coefficient. The calculation detail of Amush can be found in our previous work [42].

The casting velocity,
⇀
Vcast, is a constant vector in the previous work. However, owing to the

curved geometry model in the present work, the casting velocity should be treated as a variable
varying with position.

As shown in Figure 1, in the curved part of the strand, the direction of the casting velocity at
one point is parallel to the tangent of a circle at this point. Moreover, the center of the circle coincides

with the center of the curved strand. Hence, the casting speed,
⇀
Vcast, can be expressed in Cartesian

coordinate form, as follows:

(−‖⇀Vcast‖ · sin θ, 0,−‖⇀Vcast‖ · cos θ), (2)

The magnitude of casting velocity at one point can be can be calculated by Equation (3):

‖⇀Vcast‖ = Vcenter · R
Rcaster − D/2

, (3)

where R is the distance between the point and the caster center, Rcaster is the radius of the caster, and D
is the strand thickness. Vcenter is the magnitude of the casting velocity at the strand center, which is
equal to the magnitude of the strand velocity at the caster exit. In the current work, Vcenter is set as
1.65 m·min−1.
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Figure 1. Schematic diagram of setting the casting velocity.

2.3. Geometry Model

As Figure 2 shows, in order to calculate the full solidification process of the billet caster, a full
geometry model of the strand has been developed. The length of the computational domain is 10
m and the size of the strand cross section is 0.165 m × 0.165 m. The mold with a length of 0.8 m is
vertical. The curved part of the caster initiates at the mold exit. The length of the foot roller zone (FRZ)
is 0.3 m. Furthermore, the secondary cooling zone of the caster consists of three segments, which are
SCZ1 (2.45 m), SCZ2 (2.4 m), and SCZ3 (1.5 m), respectively. Additionally, a part of the air cooling
zone (ACZ) is involved in the computing domain, which is 2.55 m in length. The submerged entry
nozzle (SEN) is a type of straight single port. The submerged depth of the SEN is 0.1 m. The inner
and outer diameters of the SEN are 0.035 m and 0.075 m, respectively. To simulate the behavior of the
solidified shell more accurately, the local grid refinement technology has been adopted.

 

Figure 2. Geometry model and mesh in a billet caster.
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2.4. Boundary Conditions

Boundary conditions for the flow-solidification simulation are set according to Dong’s work [43].
To give full consideration to a statistically representative result of the inclusion entrapment and the
computer capacity, 1000 inclusions per second with a consistent size are injected randomly into the
SEN from the inlet. With regard to the inclusion motion, an escape boundary condition is defined for
the top surface of the mold and the computational domain outlet. Moreover, a reflecting boundary
is set for the walls inside and outside the SEN. In the current work, inclusions are assumed to be
entrapped by the solidified shell if the local liquid fraction is below 0.6 [39,41], and the velocities of the
captured inclusions are equal to the local casting velocity. Subsequently, the inclusions entrapped by
the solidified shell would move together with the solidified shell.

The Material properties used in the present work are listed in Table 1.

Table 1. The Material properties and model parameters.

Parameters Values Dimensions

cp, Specific heat 650 J·kg−1·K−1

k', Thermal conductivity 33.5 W·m−1·K−1

ρ, Steel density 7340 kg·m−3

L, Steel latent heat 231,637 J·kg−1

Tl, Liquid temperature 1827 K
Ts, Solid temperature 1636 K

μ, Molten steel molecular viscosity 0.00461 kg·s−1·m−1

Ttun, Tundish temperature 1758 K
dp, Inclusion size 3.5, 5, 7, 10, 15, 20, 25, 50, 100, 200 μm

2.5. Numerical Procedure Details

The numerical model in the present work is solved using the CFD package OpenFOAM (Version
2.1.1). The solving process consists of two steps: first, the numerical simulation of the molten steel
flow-solidification is executed for 600 s under transient mode, providing an initial condition for
the second step; second, the calculation of inclusion motion coupling the molten steel flow and
solidification is performed in the transient mode. With reference to the second step, the total calculation
time was about 500 s, which could ensure that inclusions enter and exit the computational domain.

3. Results and Discussion

3.1. Solidification Model Validation

For the prediction of inclusion entrapment, an accurate solidification profile is of great importance.
In order to validate the solidification model, four surface center temperatures of the strand were
measured with infrared thermometers that were placed at the SCZ2, SCZ3, and at two positions in
the ACZ. Figure 3 shows the variation of the predicted surface center temperature, which is in good
agreement with the measured temperatures along the casting direction, and it therefore validates the
solidification model. The solidified shell (liquid fraction: 0.6) thickness profile of the strand is also
shown in Figure 3, where the predicted solidification end is located at 9.6 m below the meniscus. A
re-melting zone of the solidified shell in the mold, resulting from the recirculation flow of the molten
steel, will be discussed in the next section. After exiting from the mold, the thickness of the solidified
shell increases with distance below the meniscus.
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Figure 3. Solidification and temperature profiles along the casting direction.

3.2. Inclusion Motion and Entrapment in Mold

Figure 4 demonstrates the distribution of 5 μm inclusions inside the liquid pool of the mold at
different moments. The solidifying front is represented by the gray iso-surface of the 0.6 liquid fraction
of steel. The green spheres represent inclusions. It can be observed that inclusions that are injected
into the mold are carried by the strong downward molten steel jet from the SEN port, at 0.5 s and
1.5 s after injection. At 5 s after injection, the inclusion motion that is carried by the molten steel jet
flow continues, while some inclusions rise. Many inclusions concentrate in the lower part of the mold
as a result of the weakening jet flow. At 15 s after injection, inclusions continue concentrating in the
mold lower part, and some inclusions flow out of the mold, while the number of the rising inclusions
increases. The rising inclusions move close to the solidifying front, which may be entrapped by the
solidified shell, and then the inclusions move toward the mold top surface along the outer wall of
the SEN. At 30 s after injection, some of the inclusions rise to the mold top surface and are removed,
while many inclusions are transported into the liquid pool once again, following the molten steel. At
45 s after injection, the distribution of 5 μm inclusions in the liquid pool reaches a dynamic balance. It
should be mentioned that the inclusion distribution inside the liquid pool of the mold is not perfectly
symmetrical, which may be attributed to the random injection of inclusions from the inlet and the
effect of the molten steel turbulence.

Figure 4. Transient distributions of 5 μm inclusions inside the liquid pool of the mold.
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Figure 5 presents the inclusion distribution and the molten steel 3D streamline in the mold at 50 s
after injection. As revealed by the predicted 3D streamline distribution, it can be seen that the molten
steel is poured into the mold from the SEN port, leading to an impinging jet flow. A part of the poured
molten steel flows straight downward and it exits the mold. However, the remainder flows upward
along the solidified shell and creates an obvious recirculation flow zone (lower recirculation zone,
LRZ) around the impinging jet in the upper zone of the mold. Subsequently, the molten steel flows
toward the outer wall of the SEN, resulting in a relatively small recirculation zone (upper recirculation
zone, URZ) around the SEN. It is the flow characteristic of the molten steel in the mold that leads to
the transient motion and distribution of inclusions, as seen in Figure 4.

 

Figure 5. The inclusion (shown as green spheres) distribution, the molten steel streamline and contour
plots of liquid fraction and velocity in the mold at 50 s after injection.

Figure 5 also shows the predicted two-dimensional (2D) molten steel streamline and contour plots
of liquid fraction and velocity on the Y = 0 m plane in the mold at 50 s after injection. In addition,
the inclusion distribution on the Y = 0 m plane, which is obtained by means of projecting the positions
of inclusions between the Y = −0.005 m and the Y = 0.005 m planes onto the Y = 0 m plane, can be seen
in Figure 5. The velocity magnitude of the molten steel in the impinging jet zone is obviously larger
than that in other zones. Moreover, the velocity magnitude in the impinging jet zone decreases as the
distance from the SEN port. The velocity magnitude of the molten steel becomes uniform at the mold
lower region (downward flow zone, DFZ). Through the combination of the streamlines, liquid fraction
contour plot, and the inclusion distribution on the Y = 0 m plane, it can be seen that inclusions that
were carried by the downward molten steel would be entrapped by the solidifying front at the DFZ.
Additionally, the lower recirculation flow of the molten steel leads to the solidified shell re-melting
and inclusion entrapment. Similarly, at the URZ, the molten steel recirculation flow can also carry the
inclusions to the solidifying front and make the inclusions be entrapped by the solidified shell.

At 50 s after injection, the 3D distribution of 5 μm inclusions has reached a dynamic balance. The
3D distribution of 100 μm inclusions in the mold has also achieved a dynamic balance. The inclusion
distributions of the two size classes are similar, except at the black circle zone, where more inclusions
in 100 μm rise to the top surface of the mold and are removed. The phenomenon is clearer on the
Y = 0 m plane. Furthermore, the entrapping position of 100 μm inclusions is higher than that of 5 μm
inclusions in the URZ. The entrapping positions of 100 μm inclusions at the DFZ and the LRZ are also
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relatively higher than those of the 5 μm inclusions. It is assumed that this is due to the buoyancy force
of the inclusions.

The predicted initial entrapment positions of inclusions with different sizes in the mold reveal
that the larger inclusions are closer to the billet surface (Figure 6). This is because the entrapping
positions of larger inclusions are higher than those of the smaller inclusions in the URZ with the effect
of the buoyancy force. A higher entrapping position of inclusions in the URZ indicates that these
inclusions are entrapped by a thinner solidified shell. Figure 6 also shows the variation of the predicted
removal ratio of the inclusions with different sizes from the mold top surface with time. It can be seen
from the predicted result that the removal ratios of the micro inclusions (<= 25 μm) are apparently
small, compared with those of the macro inclusions (>= 50 μm). It is concluded that the motion and
the entrapment of micro inclusions in the mold are mainly affected by the molten steel flow pattern,
since the buoyancy force of micro inclusions is negligible. However, the motion and the entrapment of
macro inclusions in the mold depend both on the molten steel flow pattern and the buoyancy force.

Figure 6. Predicted initial entrapment position (a) and removal ratio of inclusions with different sizes
(b) in the mold.

3.3. Inclusion Motion and Entrapment in the Curved Part of the Strand

Figure 7 shows the distributions of 100 μm inclusions inside the liquid pool of the curved part
of the strand at different times. The solidifying front is represented by the gray iso-surface of the 0.6
liquid fraction of steel. The green spheres represent inclusions. At 25 s after injection, the inclusions
move into the FRZ, which is carried by the molten steel. At 50 s after injection, the inclusions move
into the SCZ1. It is interesting to note that 100 μm inclusions shift to the solidifying front of the inner
radius in the curved part of the strand as time goes on, while the solidifying front of the outer radius
cannot entrap the inclusions. At 150 s after injection, the entrapment 100 μm inclusions terminates at
the solidifying front of the inner radius.

In order to analyze the statistical entrapment positions of macro inclusions along the casting
direction at 400 s after injection, the computational domains between the meniscus and the solidification
end (9.6 m below the meniscus) are divided into 12 equal zones, respectively. Figure 8 shows the
predicted entrapment ratios of the macro inclusions along the casting direction, and additionally,
the terminal entrapment positions of 50 μm, 100 μm, and 200 μm inclusions at 400 s after injection.
The entrapment ratio of the 100 μm inclusion decreases first, increases later, and then decreases to
zero in the curved part of the strand. In addition, the entrapment ratio of the 100 μm inclusions
reaches its peak value at the region of 2.4–3.2 m below the mold top surface. Moreover, the entrapment
of the 100 μm inclusions terminates at the inner radius solidifying front at about 3.3 m below the
meniscus. It is assumed that the flow pattern in the mold and the buoyancy force of inclusions lead
to this phenomenon. A strong impinging jet flow of the molten steel is created by the straight port
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SEN, resulting in many inclusions being transported into the curved part of the strand and then being
entrapped by the local solidifying front. The buoyancy force leads to a deviation of the inclusion
motion to the inner radius in the curved part of the strand. This phenomenon is more notable for
200 μm inclusions, as the buoyancy force of these inclusions is larger (Figure 8). This also explains
why the entrapment of 50 μm inclusions terminates at a lower position under the meniscus.

 

Figure 7. Transient distributions of 100 μm inclusions inside the liquid pool of the curved part of
the strand.

Figure 8. The predicted terminal entrapment positions and entrapment ratios of the macro inclusions
along the casting direction.

3.4. Inclusion Distribution in the Solidified Stand

Due to the shift of the macro inclusions to the solidifying front of the inner radius while they
move inside the liquid pool of the curved strand, an uneven distribution of the macro inclusions may
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exist in the solidified strand. Figure 9 presents the distribution of inclusions on the cross section of
the solidified strand, through projecting the positions of inclusions of each size class in the region
of 9.6–10 m below the meniscus at 500 s onto a plane. Rectangles were used in order to indicate the
approximate concentrating zone of inclusions. Inclusions that are inside the solidified shell profile at
the mold exit indicate that they are entrapped in the curved part of the strand. It can be observed that
the distribution of 3.5 μm inclusions in the solidified strand is uniform. However, the distribution of
7 μm inclusions in the solidified strand becomes inhomogeneous. The aggregation of 7 μm inclusions
is found between the billet center and the inner radius. Furthermore, with the increase of the inclusion
diameter, the aggregation is intensified, and the inclusions are closer to the inner radius.

 

Figure 9. The predicted distributions of inclusions with different sizes on the cross section of the
solidified strand.

In order to analyze the uneven distributions of inclusions in the solidified strand, a 15 mm thick
zone in the center of the solidified strand has been selected (Figure 10). The positions of inclusions
in each size class in the analysis zone have been gathered, and the median of the distances of these
inclusions that are below the inner radius have been calculated. Moreover, a statistical parameter,
coefficient of skewness, has been adopted to evaluate the distribution inhomogeneity of inclusions. To
a certain extent, the distribution inhomogeneity of inclusions in the solidified strand can be reflected
by the median and coefficient of skewness. The distributions of 3.5 μm and 5 μm inclusions in the
solidified strand are even. However, for inclusions that are larger than 5 μm, the distributions become
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uneven. Furthermore, through the coefficient of skewness, it can be found that the inhomogeneity is
enhanced with the increase of the inclusion diameter.

 

Figure 10. Variation of the distribution deviation of inclusions in the solidified strand.

3.5. Comparison Between the Predicted and the Experimental Results

Samples with the same process parameters and material properties adopted in the current work
were obtained from a steel plant. The sampling schematic diagram can be seen in Figure 11. The
steel samples were machined into 15 mm × 15 mm × 15 mm metallographic samples, and then these
samples were polished and examined using EVO18, ZEISS scanning electron microscope (SEM). The
numbers of inclusions in steel samples were automatically counted using the SEM control software
INCAFeature (Oxford Instruments, Oxfordshire, England). The analyzed area of each steel sample
was 11 × 11 mm2. The inclusion size was determined by the equivalent circle diameter (ECD). Only
inclusions that were above 2 μm ECD were counted. Manganese sulfide (MnS) inclusions that were
precipitated during the solidification process were not counted. In total, 1263 inclusions were detected
in the 11 steel samples (Figure 11). The number of inclusions in the samples decreases as the inclusion
diameter increases. The largest of those detected inclusions is 38.78 μm. The measured inclusion
number density reaches a maximum at the fourth steel sample from the inner radius, which is located
between the inner radius and the center of the solidified strand.

Figure 11. Sampling schematic diagram and the experimental result.

In order to compare the predicted result with the experimental result further, the detected
inclusions in these steel samples are divided into four groups (2–5 μm, 5–10 μm, 10–20 μm, >20 μm),
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according to size. For the four groups, their size weighted averages are 3.30 μm, 6.90 μm, 12.67 μm,
and 30.00 μm, respectively. The predicted results are collected in the analysis zone shown in Figure 11.

Figure 12 presents the comparison between the predicted and the experimental results. Good
agreement is found between the predicted result of inclusions in 3.5 μm and the experimental result of
inclusions in 2–5 μm. Likewise, the predicted distribution of inclusions in 7 μm is in good agreement
with the distribution of inclusions in 5–10 μm, according to the experiment. For the predicted result
of inclusions in 15 μm and the experimental result of inclusions in 10–20 μm, their variation trends
are similar (Figure 12c). The relatively large deviation between the inclusion size in the predicted
result and the weighted average size in the experimental result may result in the deviation between the
experimental and predicted results. Inclusions that were larger than 20 μm were rarely detected in the
steel samples. As Figure 12d shows, the variation trend in the experimental result of inclusions larger
than 20 μm is similar to that in the predicted results of 25 μm, 50 μm, and 100 μm inclusions. Through
the experimental result, it can also be found that the distribution of inclusions smaller than 5 μm in
the solidified strand is even. However, for inclusions that were larger than 5 μm, their distributions
become uneven. This is consistent with the predicted result discussed above. The comparison between
the predicted and the experimental results indicates that the inclusion motion model is valid.

 

Figure 12. Comparison between the predicted and the experimental results: (a) 2–5 μm; (b) 5–10 μm;
(c) 10–20 μm; (d) >20 μm.

4. Conclusions

The present work has developed a three-dimensional numerical model coupling the flow field,
solidification, and inclusion motion for a curved strand. Through the coupling model, we have
investigated the inclusion motion and entrapment during the full solidification in a curved billet caster.
The characteristics of the inclusion motion and entrapment in the mold and the curved part of the
strand have been revealed. Moreover, the inclusion distributions in the solidified strand have also
been presented. The conclusions are as follows:

1. the inclusion distribution inside the liquid pool of the mold is not perfectly symmetrical, resulting
from the random injection of inclusions from the inlet and the effect of the molten steel turbulence;
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2. the entrapping positions of larger inclusions are higher than those of smaller inclusions in the
URZ with the effect of the buoyancy force. As a result, the initial entrapping positions of larger
inclusions are more close to the billet surface;

3. the motion and entrapment of micro inclusions in the mold are mainly affected by the molten
steel flow pattern, since the buoyancy force of micro inclusions is negligible. However, the motion
and entrapment of macro inclusions in the mold depend both on the molten steel flow pattern
and the buoyancy force;

4. owing to the effect of the buoyancy force, macro inclusions shift to the solidifying front of the
inner radius in the curved part of the strand as time goes on, while the solidifying front of the
outer radius cannot entrap the inclusions;

5. the distributions of inclusions smaller than 5 μm in the solidified strand are even. However,
for inclusions that are larger than 5 μm, their distributions become uneven. Furthermore,
the inhomogeneity is enhanced with the increase of the inclusion diameter; and,

6. good agreement is found between the predicted and experimental results. The comparison
between the predicted and the experimental results indicates that the inclusion motion model
is valid.
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Abstract: Spray cooling is a key technology in the continuous casting process and has a marked
influence on the product quality. In order to obtain the heat transfer characteristics, which are
closer to the actual continuous casting to serve the design, prediction and simulation, we created an
experimental laboratory setup to investigate heat transfer characteristics of air mist spray cooling
during the continuous casting secondary cooling process. A 200-mm thick sample of carbon steel was
heated above 1000 ◦C, and then cooled in a water flux range of 0.84 to 3.0 L/(m2·s). Determination
of the boundary conditions involved experimental work comprising an evaluation of the thermal
history and the heat flux and heat transfer coefficient (HTC) at the casting surface using inverse heat
conduction numerical schemes. The results show that the heat fluxes were characterized via boiling
curves that were functions of the slab surface temperatures. The heat flux was determined to be
2.9 × 105 W/m2 in the range of 1100 to 800 ◦C with a water flux of 2.1 L/(m2·s). The critical heat
flux increased with the increase of water flux. The HTC was close to a linear function of water flux.
We also obtained the relation between the HTC and the water flux in the transition boiling region for
surface temperatures of 850 to 950 ◦C.

Keywords: air mist spray cooling; continuous casting; heat flux; HTC; secondary cooling

1. Introduction

In continuous casting, molten steel is poured from a tundish into a water-cooled mould and a
partially solidified billet or slab is withdrawn from the bottom of the mould. The billet or slab is then
cooled by a water spray (this is the secondary cooling process) so that the solidified billet or slab
is produced constantly and continuously. Continuous casting is a bridge between steelmaking and
rolling. Secondary cooling is an essential part of continuous casting and can strongly influence the
quality of billets or slabs. The cooling must be controlled relative to the casting speed to avoid the
formation of internal and surface cracks.

Steel solidification behavior is influenced by heat transportation under the specific cooling
conditions. In the secondary cooling zone, the heat transfer behavior of the billet or slab surface is
directly linked to the characteristics of the spray. These can be manipulated to control the solidification
process, and in turn the billet or slab quality and the casting productivity. In an attempt to meet high
billet or slab quality requirements, heat transfer in the mould and the secondary cooling have received
much research attention. Due to requirements for high quality, the secondary cooling technology of
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continuous casting has been developed with specially designed nozzles, finer waterway control, and a
more effective water injection strategy.

In recent years, numerical simulation has been widely applied to design and optimize the
secondary cooling process. An accurate simulation, however, is strongly dependent on the level
of understanding of the physical mechanism of the casting process, the high-temperature properties
of the material involved, and thermal boundary conditions. Laboratory experiments can provide a
database that can be used to specify the boundary conditions in mathematical models of secondary
cooling. Thermal boundary conditions that characterize the boiling heat transfer in secondary cooling
are applicable for industrial processes after validation with reliable experiments.

Important work on spray cooling can be found in the literature [1–6]. The main cooling effect
derives from evaporation. Heat transfer is influenced by water flow, droplet size, and velocity.
Most studies either focused on the macroscopic effect of the sprays on the heat transfer rate or
attempted to characterize the heat transfer processes during the impact of the spray on a surface.
Many efforts have been made to understand the effect of changing the magnitude of the heat flux or the
heat transfer coefficient (HTC) in different boiling heat transfer regimes. Thomas et al. [7,8] carried out
laboratory measurements of water flow and heat transfer during spray cooling. Their research focused
on the conditions of the surface of the steel strand in the secondary spray cooling zones with water
jet–air mist cooling. The steel surface temperature range was 1200 ◦C to 200 ◦C. Ramstorfer et al. [9]
developed a dynamic spray cooling experimental platform where they measured the HTCs due to spray
cooling using an experimental setup, allowing spray cooling up to a surface temperature of 1250 ◦C.
Horský et al. [10] developed experimental methods and numerical models for spray-cooled surface heat
transfer. Those papers discussed heat transfer during spray cooling and optimization of the cooling
process. Ito et al. [11] also investigated the effects of the hydraulic pressure and water flow rate of a
cooling water spray on cooling intensity and developed a more efficient secondary cooling system with
a high-pressure water spray. Tsutsumi et al. [12] did laboratory experiments on the cooling capacities
of hydraulic and mist spray cooling by several kinds of spray nozzles. They proposed an equation
for HTC that considered the spray thickness and collision pressure. El-Bealy [13] studied the degree
to which homogeneity of cooling conditions with air mist nozzles improved slab quality. The Brno
University of Technology Heat Transfer and Fluid Flow Laboratory [14] established reliable techniques
to measure the effects of individual nozzles and combinations of nozzles to determine the HTCs.
They also discussed methods for determining the HTCs and using them in a solidification model.

Most industrial spray nozzles are polydispersed, which allows them to generate water droplets
with a wide range of sizes and velocities. This, in addition to the complex interaction of spray droplets,
makes it difficult to predict (by single or multiple sprays) the performance of an industrial spray nozzle.
Extensive laboratory studies have been done on the heat transfer of drops and sprays at low mass
flux or for a single spray nozzle. However, data on industrial spray nozzles with high mass flux or on
multiple spray nozzles are very scarce. Meanwhile, thinner samples with short cooling times are used
in laboratory studies, which have led to a measured data shortage in high-temperature ranges. Due to
fewer measurement data, the measurement error has become larger. It has become essential to use
thicker samples and closer to the actual billet or slab. Experiments closely emulating the actual process
of secondary cooling in continuous casting are particularly important.

In the paper, we developed a multifunctional experimental setup, enabling a quantitative
understanding of the secondary cooling of a continuous casting. The objective was to explore and
obtain data that characterized heat transfer at high temperatures using multiple air mist spray nozzles.
The calculated temperature profile, heat flux and HTCs provided insight and useful data for the
development of cooling strategies for continuous casting.

2. Establishing the Experimental Setup

Compared with industrial secondary cooling of continuous casting, a laboratory-scale simulator is
cost effective because it is not necessary to interrupt actual steel production. The laboratory simulator
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provides more flexibility to change the range of operational parameters required for optimizing
the secondary cooling process and developing new continuous casting technologies. By separating
the secondary cooling from the casting in the experimental setup, we avoid the operational risk
associated with using liquid metal. This enables us to simulate air-mist spray cooling in the secondary
cooling process.

An overview of the system configuration is shown in Figure 1a,b. The experimental setup
consisted of an air–water spray, slab heating, slab cooling and data acquisition and analysis systems.
To simulate the features of an industrial air mist spray, a laboratory air–water spray system was
designed, as shown in Figure 2. The system consisted of water tanks, pumps, an air compressor, an air
pressure tank, electromagnetic flowmeters, temperature transmitters, pressure transmitters, electric
control valves, metal hoses and spray racks.

(a) (b) 

Figure 1. Schematic presentation (a) and equipment (b) of the experimental setup.

 
Figure 2. Air-water spray system.

Cooling water was supplied to the setup from the water tank. A valve was used to adjust the flow
to the desired flowrate and pressure. The flow parameters were measured with the flowmeters and
pressure gauges, which were controlled by the control software.

Nozzle alignments and cooling parameters are the main factors influencing the secondary cooling
of continuous casting. The experimental setup was designed to meet the requirements of different
nozzles with an extensive range of mass fluxes. The system could be adjusted to test the cooling
effects of different spray configurations. The slab heating system comprised a feeding car, a heating
furnace and a discharging electric actuator. After the desired temperature was reached, the slab was
transported into the cooling station by a rack and pinion structure actuated by a motor. The slab
cooling system included the cooling station, a slab depressing device, a reciprocating motion device,
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a drainage pipe, water pumps, electromagnetic flowmeters and the steam drainage system. It enabled
spray rack replacement, slab movement simulation, adjustment of the slab cooling angle, and water
and vapor discharge. Depending on the dynamic adjustment of the slab position by hydraulic pressure,
it was possible to continuously simulate the position of the slab throughout the entire secondary
cooling zone. The cooling station was placed in the positioner with 0◦ to 90◦ tilting to meet the slab arc
change from initial mould position to final level position.

Figure 3 shows the top side cooling device that used three rows and four columns of nozzles
with a 120◦ impingement angle. According to the nozzle angle, the overlap between the two nozzles
was designed with nozzle manufacturer’s suggestion. The jets coalesced into a mist curtain on the
slab surface.

Figure 3. Schematic of the arrangement of the nozzles.

In this way, the slab contact conditions (e.g., surface structure and clamping roller) could be
manipulated to be similar to those used in industrial practice. There were four clamping rollers
with a 120-mm diameter and a 160-mm separation distance that could clamp a slab with a 100- to
350-mm thickness.

Figure 4 shows the clamping rollers with the top spray configuration. During the tests, the slab
surface was exposed to the air mist nozzles through the gap between the rollers. The heat was
conducted to the slab surface and removed by the cooling air and water. The cooling process consumed
much water and air, and heat was released during the process. Vapor and cooling water were collected
and directed into a drain while the apparatus operated.

 
Figure 4. The clamping rollers with no contact slab.

A data acquisition system was used to monitor the temperature, pressure, flow rate, and so forth
during heating and cooling. It comprised a computer, a data acquisition box, K-type thermocouples
and a software package, which were used for process parameter acquisition, calculation and data
display. The thermocouples were inserted into the subsurfaces of the slabs. The slabs were then
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preheated to a desired initial temperature and transported to the cooling system. The measured
temperature was used as an input for calculating the inverse heat conduction. By using the calculated
results, we could evaluate the local heat flux at the boundaries. The heat flux was expressed via a
boiling curve with different variables. The experimental setup provided the flexibility to adjust the
operational parameters (mass flux, heating temperature, casting speed, etc.), enabling study of the
heat transfer in secondary cooling. The technical parameters of the setup are shown in Table 1.

Table 1. Technical parameters of the pilot experimental set-up.

Condition Parameter

Max. heating slab size 1100 × 600 × 350 mm(thickness)
Max. heating temperature 1250 ◦C

Max. water flow 18.0 m3/h
Max. air flow 6.0 m3/min

Max. water pressure 1.0 MPa
Max. air pressure 0.4 MPa
Max. nozzle array 3 rows and 4 columns

Max. temperature synchronous acquisition frequency 5 Hz
Cooling condition Single or multi-side cooling

3. Inverse Heat Conduction Problem

Normally, it is difficult to measure surface heat flux and temperature of a slab undergoing air
mist spray cooling. When thermocouples are set at a certain distance from the surface of the slab to
measure temperatures at different positions, a mathematical model can be used to calculate the surface
heat flux and surface temperature [15,16]. The heat boundary condition can be calculated by recording
the temperature as a function of time, which is in the form of an inverse heat transfer problem [17].

We used thermocouples embedded in the slab at certain depths to measure cooling curves at
different positions. The surface temperature and heat flux of the slab were calculated using the Beck’s
sequential function specification method [18,19]. As a result of the calculation, the relation between
the HTC and the slab surface temperature could be obtained. In this study, we regarded the internal
heat transfer in the slab as one-dimensional unsteady heat conduction along the direction of the spray
cooling, ignoring the heat loss from the side of the slab. Figure 5 shows the physical model of the
inverse heat conduction problem during the cooling.

Figure 5. Schematic of the physical model of the inverse heat conduction problem.

The slab was heated to T0 and cooled by the heat flux q(t). A thermocouple was embedded at x
= δ to record the temperature history at a time interval of Δt. The aim was to calculate q(t) using the
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measured temperature data with known initial conditions and the thermophysical properties of the
materials involved in the system. The governing equation and boundary conditions were

ρCp(T) ∂T
∂t = ∂

∂x

(
k(T) ∂T

∂x

)
T(x, 0) = T0

T|x=δ = Y(t)
−k∂T/∂x|x=L = 0
q(t) = −k∂T/∂x|x=0

(1)

where ρ is the slab density, δ is the distance between the outer surface of the slab and the thermocouple,
k is the conductivity, T is the slab temperature, T0 is the initial slab temperature, Cp is heat capacity, x
is the thickness direction coordinate, and Y(t) is the measured temperature. In the model, T0 and Y(t)
were known; only the surface heat flux q(t) had to be solved. Since air mist cooling is a transient process,
the temperature field and the heat flux qM at a certain time tM can be solved for if the temperature field
TM−1(x) and the heat flux qM−1 at tM−1 have been determined. Assuming q(t) = qM, which is constant
when tM−1 < t < tM, Equation (1) can be modified as Equation (2):

ρCp(T) ∂T
∂t = ∂

∂x

(
k(T) ∂T

∂x

)
−k∂T/∂x

∣∣∣x=0 =
{

qM=ConsttM−1<t<tM
q(t) t>tM

−k∂T/∂x|x=L = 0
T(x, tM−1) = TM−1(x)

(2)

In this work, a sensitivity coefficient Z(x, t) = ∂T(x, t)/∂qM was introduced to evaluate the
sensitivity of the measured temperature point error. In Beck’s method, the heat flux q(t), is discretized
into a series of qi over a measurement interval Δt. The heat flux guess is kept constant within a period
of time, rΔt, where r is the number of future time steps. Solved as a forward heat conduction problem,
the predicted temperature by using the applied heat flux guess qi can be obtained at t = i + rΔt. In this
way, the value of qi in each time interval can be found to minimize the difference between the measured
and calculated temperatures. The surface heat flux at different times is therefore calculated by defining
the least squares error function. A program was written in Fortran to solve the one-dimensional
transient heat conduction problem. In the process of calculation, the measurement interval Δt was
0.25 s, and the number of future time steps r was 10. Thermocouples were embedded at x = 20 mm to
record the temperature history. The thermal properties of the materials used in the calculation were
functions of temperature and are shown in Table A1. In the course of calculation, it was considered
that the steel density 7850 Kg/m3 was constant. After programming, one of the parameters about
the number of mesh points needed to be tested to investigate the grid independence of the results.
When the number of mesh points was greater than 400, the results do not change. The number of mesh
points used in this paper was 1000.

4. Experimental Results and Discussion

One of the goals of the setup was to obtain experimental data under industrial heat flux
boundary conditions for describing the boiling heat transfer in the secondary cooling of continuous
casting. Precise temperature measurement was a key for a reliable heat transfer measurement [20].
Several 8-mm diameter holes were drilled 180 mm deep from the side of the 200-mm-thick slab
perpendicular to the casting direction. The holes were drilled with flat bottoms to ensure that the
tips of the thermocouples could touch the bottoms of the holes. A short distance from the cooling
surface to the holes was required to reduce the time delay as the thermocouples responded to the
changes in surface heat flux. In this experiment, the thermocouples were inserted 20 mm from the
cooling surface. The thermocouples’ fastening devices were welded to the surface of the slab to push
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the thermocouples’ tips into contact with the bottoms of the holes. The gaps in the holes were filled
with refractory cotton.

Figure 6 shows the armored K-type thermocouples that were inserted into the holes and “locked”
inside by fastening devices. The locations of thermocouples numbered 1 to 5 are also shown in the
figure. The thermocouples were far away from the edge of the slab to ensure a reduced heat loss
effect. The thermocouple NO.1 and NO.3 were arranged inside the slab under the clamping roller
respectively. The NO.2 was in the middle of the two clamping rollers. The slab was tilted 15◦ from the
horizontal position to simulate the slab position.

 
Figure 6. Sketch of the locations of thermocouples.

The air mist spray characteristics, such as water distribution profiles, droplet velocity and the
Sauer mean diameter, had an effect on heat transfer. These parameters depended on atomization and
gas-water parameters of the nozzle. The main experiment parameters are shown in Table 2. Due
to the swing of the spray cooling racks and the overlapping between the nozzles, the uniformity
of the water distribution in the vertical and horizontal casting direction was guaranteed. It could
be considered that the slab surface cooling was homogeneous. The paper focused on the average
convection heat transfer coefficient in secondary cooling. The average water flux was defined as a ratio
of water flow to the area of the cooling surface of the slab. The water flux was 0.84 to 3.0 L/(m2·s) in
the experiment. The nozzle arrangements with three rows and four columns were derived from the
industrial continuous casting in this paper. The experimental nozzle model used was HPZ5.0-120B2.

Table 2. Parameters.

Experimental Condition Parameter Value

Slab size 1100 × 600 × 200 mm
Material ASTM A572 Gr.50

Air pressure 0.2 MPa
Water flux 2.1 L/(m2·s)

Nozzle distance from slab surface 180 mm
Heating target temperature 1150 ◦C

Temperature sampling frequency 4 Hz
Cooling condition Top cooling
Water temperature 15.2 ◦C

Experimental nozzle model HPZ5.0-120B2

Figure 7. shows a typical slab cooling in the experiment setup for a top spray configuration at a
water temperature of 15.2 ◦C. Clearly, much vapor was generated during cooling, and the slab was
cooled from the surface.

178



Metals 2019, 9, 61

 
Figure 7. Slab cooling process.

Typical temperature readings relative to time curves during the spray cooling are shown in
Figure 8. Regardless of the thermocouple location, the time–temperature curves were similar. A high
cooling rate was observed, and the slab temperature dropped drastically. Due to the strong relation
between the heat flux and the surface temperature, heat extraction rates changed rapidly with time.

Figure 8. Temperature evolution during cooling at positions 1 to 5.

The inverse heat transfer algorithm was applied to calculate heat fluxes by using the measured
temperature profile data. The calculated heat fluxes were plotted as functions of surface temperatures
at each thermocouple location to determine the boiling curve.

Figure 9 shows the relation between the surface temperature and the heat flux at different
measuring positions. It can be seen that the heat flux was not linearly related to the surface temperature.
The five thermocouples’ average heat flux of the slab first increased to a maximum value when the
slab was cooled to approximately 574.2 ◦C, and then decreased from the peak value with further
cooling. The maximum average heat flux was 5.0 × 105 W/m2 at 572.4 ◦C. At 1000 ◦C, the average
heat flux was 2.2 × 105 W/m2. In the temperature range from 1100 to 800 ◦C, the average heat flux
was 2.9 × 105 W/m2. Comparing the heat flux at the different thermocouple positions, better vapor
discharge conditions resulted in faster cooling and a higher heat flux.
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Figure 9. Relationship between surface temperature and heat flux.

As the simulated casting speed was 1.8 m/min, all thermocouples areas were cooled by sprays
and support rolls. Each thermocouple reflected the average heat transfer on the surface. The NO.5
thermocouple was located in the lower part of the sample. Good steam exhaust conditions resulted in
the greater heat flux.

The surface temperature history experienced two distinct regimes. The boiling curve allowed
a better understanding of the physical state of the surface [21]. The first turn in the curve coincided
with the starting time of the spray cooling, from radiation to transition boiling. The second turn
coincided with the critical heat flux (CHF), from transition boiling to nucleate boiling. At high surface
temperatures, where film boiling was dominant, a vapor film near the solid hot surface minimized
direct droplet contact time with the surface, resulting in a low heat-transfer rate. As the surface
temperature decreased, the droplets began to penetrate the vapor film, and a sharp increase in the
heat transfer rate was observed. After reaching the CHF, the heat flux decreased, going through the
nucleate boiling regime and finally to convection or one-phase cooling.

The air mist spray heat transfer curve was similar to that of pool boiling in all the boiling regimes.
However, we found that the cooling curve did not experience the Leidenfrost point due to the absence
of stable film boiling. This can be explained by the following four circumstances. First, the distance
between the thermocouple and the cooled surface was 20 mm, the thermocouple’s measurement delay
resulted in the experiment not showing any Leidenfrost temperature. Second, the air and water flow
rate are high in industrial conditions, but the residence time was short in the high-temperature region
under experiment conditions. Therefore, the temperature point of Leidenfrost was not obvious. Third,
the liquid droplets on the slab did not form a layer under the air mist spray cooling because the spray
carried substantial momentum, which pushed the residual droplets away [22]. Fourth, the cooling
steel surface oxidized, forming an oxide layer that increased the slab roughness. The oxidation of the
surface had the effect of raising the gasification nucleation number.

Figure 10 shows the relation between surface temperature and HTC. It could be seen that the
HTC linearly varies with the temperature from 1100 to 500 ◦C. As temperatures decreased from 1100
to 800 ◦C, the average HTC linearly increased from 120.0 W/m2·K to 542.6 W/m2·K. At a CHF
temperature of 574.2 ◦C, the average HTC was 888.9 W/m2·K.
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Figure 10. Relationship between surface temperature and HTC.

Using the method developed by this paper, we measured the heat transfer boiling curve of another
condition with water fluxes of 0.84 L/(m2·s) and 3.0 L/(m2·s). The effect of the cooling water flux was
assessed by comparing the heat transfer characteristics of the tests.

Similar slopes for the transition boiling and nucleate boiling regime were observed for different
water fluxes during cooling and shown in Figure 11a. The HTC curve showed a typical linear relation,
as shown in Figure 11b. The heat flux with a water flux of 3.0 L/(m2·s) was higher, especially the CHF.
There was a clear trend of increased CHF with water flux. Higher water flux led to more droplets
breaking the vapor film and accelerating the steam discharge, strengthening the heat transfer on the
slab surface.

 

(a) (b) 

Figure 11. Heat characteristics with different water flux for (a) heat flux; (b) HTC.

The HTC as a function of the temperature difference between the steel surface and the water
flux was found to be particularly useful to apply to the solidification model, as shown in Figure 12.
We concluded that the HTC was a close linear function of water mass flux for surface temperatures of
850 to 950 ◦C. The integrated HTC for the section can be described by the generic equation HTC = aGb,
where a and b are constants determined experimentally. The following relation for heat transfer in the
transition film boiling region for surface temperatures of 850 to 950 ◦C is suggested:

HTC = 152 × G1.06 (W/m2·K), where 0.84 ≤ G ≤ 3.0 (L/m2·s)
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Figure 12. The HTC as a function of water flux.

HTC indicated the heat transfer efficiency between the surface of slab and cooling water, and
the effect of heat transfer was high when HTC was large. In general, it needed to be measured by
experiment and statistics, and expressed by empirical formula. Significant work regarding spray
cooling could be found in the literature. Most researchers studied the macroscopic heat transfer rate.
Different researchers had given different empirical formulas according to the test conditions and these
formulas had different forms. Gan [23] summarized some of the formula as follows:

HTC = 360 × G0.556, where 0.8 < G <2.5 (L/m2·s), 727 ◦C < Ts < 1027 ◦C
HTC = 423 × G0.556, where 1 < G < 7 (L/m2·s), 627 ◦C < Ts < 927 ◦C
HTC = 581G0.451 (1 − 0.0075Tw), where Tw is the water temperature
HTC = α(708G0.75Ts

−1.2 + 0.116), where α is a calibration factor, Ts is the slab temperature
HTC = 157G0.55(1 − 0.0075Tw), where Tw is the water temperature
HTC = 130 + 350G

Compared with the formula in the paper, there were some differences between the researches.
In some cases, the difference was striking. HTC was related to the factors of water flux, spray pressure,
spray distance, nozzle structure, surface temperature of slab, water temperature etc. All of these factors
had an impact on the relation.

An optimized transition boiling can help to improve heat transfer for specific spray characteristics.
The test model was for carbon steel, but the results equally apply to other materials [24]. However,
deviations should be expected due to the surface characteristics of the spray-cooled surface [25].

In summary, heat flux and HTC are critical for the theoretical heat design of an industrial
process. The experimental setup provides a powerful tool for a quantitative understanding of the heat
transportation phenomena of not only continuous casting but also other industries.

5. Conclusions

In this work, an experimental setup to simulate the secondary cooling of continuous casting
was developed. This provided a powerful tool for optimizing the continuous casting operation and
for better continuous casting machine designs. An inverse heat conduction algorithm was used to
calculate the surface heat fluxes during the slab cooling. The main conclusions derived from this
study are:

(1) Transition boiling was the primary heat transfer characteristic in the range from 1100 to 800 ◦C
during secondary cooling for the continuous casting of steel.
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(2) In the experimental spray cooling, the average heat flux was measured to be 2.9 × 105 W/m2

in the range of 1100 to 800 ◦C with water injection of 2.1 L/(m2·s). The surface HTC increased
linearly from 120.0 W/m2·K to 542.6 W/m2·K as the temperature decreased from 1100 to 800 ◦C.

(3) The relation between HTC and water flux in the transition boiling region for surface temperatures
of 850 to 950 ◦C was suggested to be HTC = 152 × G1.06.

Author Contributions: Conceptualization, Y.Z. and Z.W.; methodology, Y.Z., J.H. and Z.W.; formal analysis, Y.Z.;
investigation, Y.Z. and J.H.; resources, Z.Z.; data curation, C.B. and Y.G.; writing—original draft preparation, Y.Z.;
writing—review and editing, Z.Z.; visualization, C.B. and Y.G.; supervision, Y.Z.; project administration, J.H.;
funding acquisition, Z.Z. and Z.W.

Funding: The work was supported by National Natural Science Foundation of China under Grant 51264030;
National Key R & D Program of China under Grant 2016YFC0401201; and Natural Science Foundation of Inner
Mongolia under Grant 2017MSLH0534.

Conflicts of Interest: The authors declare no conflicts of interest.

Appendix A

Table A1. Thermophysical property.

T/◦C CP/J(kg·K)−1 k/W(m·K)−1

20 462 44.55
100 481 42.95
200 508 41.02
300 530 38.23
400 560 35.74
500 605 33.20
600 680 30.81
700 824 29.39
765 1360 38.38
800 718 25.39
900 615 26.13
1000 604 25.57
1100 685 23.71
1200 858 20.55
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Abstract: Thin-slab cast direct-rolling (TSCDR) has become a major process for flat-rolled production.
However, the elimination of slab reheating and limited number of thermomechanical deformation
passes leave fewer opportunities for austenite grain refinement, resulting in some large grains
persisting in the final microstructure. In order to achieve excellent ductile to brittle transition
temperature (DBTT) and drop weight tear test (DWTT) properties in thicker gauge high-strength
low-alloy products, it is necessary to control austenite grain coarsening prior to the onset of
thermomechanical processing. This contribution proposes a suite of methods to refine the austenite
grain from both theoretical and practical perspectives, including: increasing cooling rate during
casting, liquid core reduction, increasing austenite nucleation sites during the delta-ferrite to austenite
phase transformation, controlling holding furnace temperature and time to avoid austenite coarsening,
and producing a new alloy with two-phase pinning to arrest grain coarsening. These methodologies
can not only refine austenite grain size in the slab center, but also improve the slab homogeneity.

Keywords: thin-slab cast direct-rolling; austenite grain coarsening; grain growth control; liquid core
reduction; secondary cooling; two-phase pinning

1. Introduction

Owing to low capital and operating cost, thin-slab cast direct-rolling (TSCDR) has become a
major process for hot flat-rolled production since Nucor started the first thin slab caster, directly linked
to a hot rolling mill, back in 1989. This process is based on a novel funnel mold caster, which can
produce a thin slab of thickness from 50 to 90 mm, instead of the conventional continuous casting
slab thicknesses of 200 to 250 mm [1,2]. Figure 1 is an example of the TSCDR process at Algoma
Inc. The liquid steel is fed via the ladle and tundish into a funnel-shaped copper mold with primary
cooling control. Solidification initiates on the mold wall and the external solidified shell increases in
thickness as the steel strand passes through the mold. Based on the steel grades and slab thickness,
the casting speed can be from 2.5 to 6.5 m/min. Once leaving the mold, the thin slab passes through the
secondary-cooling zone and solidification continues. The secondary-cooling zone has eight segments
with multi-point bending and unbending, with 12.7-m containment length, by using air mist cooling.
The liquid core reduction system can refine the as-cast microstructure and reduce the centerline
segregation and solidification-related defects. The continuous slab is cut to length and then sent to
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the roller hearth soaking furnace. To maximize the use of the rolling capacity, the thin slab caster has
two strands along with two shuttle furnaces, which can transfer the slab sideways to allow the two
strands to feed a single rolling mill. The slab is rolled in a single pass roughing mill after descaling,
then goes through the heated transfer table and is rolled in the six-stand finishing mill; the resulting
hot strip then passes through the run-out table with a laminar cooling system and is coiled at the down
coiler [3].

  
Figure 1. Thin slab casting direct strip production complex at Algoma Inc. [3].

TSCDR mills currently produce a variety of steel grades, including interstitial free steel, low carbon
to medium carbon steel, high-strength low-alloy, and advanced high strength multiphase steel
grades [1]. Recently, great effort has been placed on using this process to produce high grade micro
alloyed steels that can be utilized in bridge guard rails, wind turbine towers, rail cars, and oil and gas
pipelines, with stringent low-temperature ductile to brittle transition (DBTT) and drop weight tear test
(DWTT) requirements to maintain structural integrity and safety over several decades of service [4,5].
It well established that refining austenite grain size before pancaking can improve DBTT and DWTT
properties [6]. In most cases, these applications require a hot band thickness of 10 mm or more. This
requirement challenges the TSCDR process, because the ratio of the thickness of the initial as-cast
slab to that of the final product is only of the order of 5–7 to 1. It has been proven that production of
higher high strength low alloyed (HSLA) grades is very difficult, owing to the presence of extremely
large austenite grains in the center of the slab prior to thermomechanical processing [7]. The limited
number of thermomechanical deformation passes available in the TSCDR process cannot refine these
larger grains [8,9]. In order to achieve uniform and finer microstructure, it is very important to control
the upstream austenite grain coarsening before the slab enters the roughing mill. This contribution
will focus on refining austenite grain by increasing the cooling rate during solidification, increasing
nucleation sites for delta-ferrite by liquid core reduction, and increasing austenite nucleation sites
during the delta-ferrite to austenite phase transformation, as well as controlling austenite coarsening
inside the holding furnace. In addition, the possibility of rolling new alloy with two-phase pinning is
also discussed.

2. Materials, Experimental Procedure, and Model Setup

The experimental materials in this study consisted of an HSLA based American Petroleum
Institute (API) X70 cast slab sample from industry, as well as an Fe-Al model alloy with 1.5% Al
addition to generate delta/austenite two-phase microstructure at different temperatures. The two
chemistries are compared in Table 1. The addition of Al in the Fe-Al model alloy can stabilize
delta-ferrite down to room temperature. A two-phase mixture of delta-ferrite and austenite will exist
at temperatures between 1310 ◦C and the eutectoid temperature. The Fe-Al model alloy was prepared
by induction melting at CANMET Materials Technology Lab (Hamilton, ON, Canada); the as-received
microstructure was delta-ferrite with grain size of approximately 85 μm, after pilot mill hot rolling to
the thickness of 10 mm.
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Table 1. Chemical composition of the new alloy used in this investigation (wt %).

wt % C Mn Si Al Ti Nb N

API X70 0.05 1.60 0.30 0.0037 0.0012 0.07 0.0060
Fe-Al model alloy 0.051 1.00 0.36 1.5 0 0 0

In order to quantify the grain coarsening at high temperature, a simple non-isothermal grain
growth model [9] was utilized to capture the evolution of grain growth at different stages of the TSCDR
process. Starting with the simple equation:

dR
dt

= αM(t)
2γgb

R
(1)

then integrating with respect to time, which led to:

R2
= R2

0 + 4γgb

∫ t

0
αM(t)dt (2)

where R is the mean radius of an individual grain, R0 is the initial grain radius, and γgb denotes
the grain boundary energy per unit of area. A reasonable value of 0.8 J·m−2 [10] was used for
the calculation. α is a shape factor with value of ~1.5 [11], and M(t) is the mobility of the grain
boundaries [9,12]. Delta-ferrite grain boundary mobility is shown as [9]:

Mδ(t) =
0.7075
T(t)

× exp
(−20, 995.43

T(t)

)
(3)

While austenite grain boundary mobility is listed as [9]:

Mγ(t) =
0.3072
T(t)

× exp
(−20, 837.14

T(t)

)
(4)

In this equation, T(t) is an expression for the temperature as a function of time, which was obtained
either experimentally from the data recorded, using a thermocouple, or the temperature profiles during
the TSCDR process predicted by the heat transfer model. The details are in the Appendix A.

During a typical TSCDR practice, for instance, Table 1 chemistry, Ti concentration is very low
and large TiN particles are formed in the liquid during the late stages of solidification. These particles
coarsen during the subsequent solid-state process at high temperature [13,14]. These large TiN particles
exert a very small particle pinning effect [15]. Strong particle pinning conditions are not encountered
until fine Nb(C,N) precipitates are formed during thermomechanical processing [16–18]. In addition,
according to Zurob et al [19], the solute-drag effect of all alloying elements was shown to be negligible
at temperatures above 1200 ◦C. Therefore, Equation (2) can be used to model the grain-size evolution
during the TSCDR process up to the point where the slabs exit the homogenization furnace prior to
thermomechanical processing at the roughing mill.

To validate the grain growth model, a 70 mm and an 85 mm thickness slab of API X70 were
sampled after solidification prior to entering the twin roller hearth tunnel furnaces. The slab crops were
sectioned to measure the austenite grain size at various distances from the slab surface. All the samples
were prepared using standard metallographic techniques. The prior austenite grain boundaries
were revealed using an aqueous solution of picric acid with sodium dodecylbenzene sulfonate, with
additions of hydrochloric acid for the different chemistry. Microstructure was investigated using
optical and scanning electron microscopy. The image analysis was performed using Clemex PE5.0
software (Clemex Technologies Inc., Longueuil, QC, Canada). The grain size was measured using the
area intercept method and the true three-dimensional grain diameter was calculated as 1.382 times the
linear intercept diameter [20].
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3. Results and Discussions

3.1. Microstructure and Model Validation

The microstructure of the industrially-supplied TSCDR 85- and 70-mm thick slabs of API X70
steel are shown in Figures 2 and 3, respectively. At the surface of the 85 mm API X70 slab, the prior
austenite grain size was about 50 μm. At the center of the slab, the prior austenite grain size was as
large as 1151 μm. While, the prior austenite grain size at the surface of the 70 mm API X70 slab was
about 14 μm, and at the center of the slab was about 858 μm.

Figures 2 and 3 indicated that the industrial TSCDR as-cast microstructure was non-uniform with
extremely large grains at the slab center, and that the 70 mm thick slab had a finer austenite grain size
compared to the 80 mm slab.

The grain growth model Equation (2) can be used to calculate the delta-ferrite and austenite grain
size evolution at different positions in the slab. The important points that are required to be considered
is that of the initial grain size R0 and the cooling path (T(t), in Equations (3) and (4)), which varies
from the surface to the center of the slab, leading to grain-size variations. To understand the HSLA
microstructure evolution during the TSCDR process, THERMO-CALC (Thermo-Calc Software AB,
Solna, Sweden) was used to predict the relevant transformation temperatures for API X70 and the
Fe-Al model alloy using the TCFE6 database [21]. The results are given in Table 2.

  
(a) (b) 

 
(c) (d) 

Figure 2. 85-mm slab austenite grain size evolution of American Petroleum Institute (API) X70 from the
industrial thin slab casting process: (a) close to slab surface; (b) 20 mm from the slab surface; (c) close to
the slab center; and (d) summary of the measured austenite grain size with distance from slab surface
to center.
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(a) (b) 

 

(c) (d) 

Figure 3. 70-mm slab austenite grain size evolution of API X70 from the industrial thin slab casting
process: (a) close to slab surface; (b) 20 mm from the slab surface; (c) close to the slab center; and (d)
summary of the measured austenite grain size with distance from slab surface to center.

Table 2. Phase transformation temperature of API X 70.

Phase Liquid Liquid + Delta Delta Delta + Austenite Austenite

API X 70 (◦C) >1524 1524–1496 1496–1477 1477–1448 1448–852
Fe-Al alloy (◦C) >1530 1530–1500 1500–1412 1412–734 -

In this study, we have not attempted to model the delta-ferrite to austenite transformation. Instead
we simply assumed that the delta grain growth occurred down to 1477 ◦C and austenite grain growth
occurred after the delta-ferrite to austenite phase transformation. The secondary dendrite arm spacing
(SDAS) was used as the initial delta-ferrite grain size, R0, which was calculated using the CON1D V7.0
slab casting heat transfer model, assuming the casting speed of 3.4 m/min [22], as shown in Figure 4a.
The initial austenite grain size was presumed to be smaller than the final delta grain size, and was
divided by a factor of 3 [23,24] to account for the effect of grain refinement due to the delta-ferrite to
austenite transformation in the grain size calculation. Finally, the cooling path T(t) at each point of the
slab was also estimated by the CON1D V7.0 model [22]. For example, Figure 4b shows the temperature
paths at the surface, 5, 10, and 20 mm below the surface, and the center of the API X70 85 mm slab that
was cast with 3.4 m/min casting speed. Due to the spray jet cooling and the high local heat extraction,
when the segment rolls directly contacted the slab, the temperature curve on the slab surface showed
an irregular trend. Nonetheless, this irregular trend should not interfere with the interpretation of the
grain growth with the slab position during the TSCDR process.
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(a) (b) 

Figure 4. CON1D V7.0 slab casting heat transfer model predicted: (a) secondary dendrite arm spacing
as a function of position within the API X70 slab; and (b) temperature paths at the surface, 5, 10, and 20
mm below the surface, and the center of the slab.

Using Equations (2) and (3), an example of delta grain size evolution with time at 5 mm below the
slab surface is shown in Figure 5a. The austenite grain size evolution at the same position (5 mm below
the surface) with time just before leaving the holding furnace, by using Equations (2) and (4), is shown
in Figure 5b. The solid line represents the model predicted austenite grain diameter and the dashed
line represents the temperature profile in the TSCDR process at the corresponding slab position.

  
(a) (b) 

Figure 5. (a) The predicted delta grain size evolution with time 5 mm below the slab surface; and
(b) the predicted austenite grain size evolution at the same position before entering the roller hearth
holding furnace.

Similar calculations were conducted as a function of the slab thickness. Figure 6a shows the
predicted delta grain size as a function of slab position, just before the onset of the delta-ferrite to
austenite transformation. The solid diamonds are the calculated delta grain sizes; the solid line is
used to highlight the trends of grain size change with distance from the surface to center of the slab.
In addition, the austenite grain size could be calculated when the slab was about to enter the holding
furnace, and upon leaving the holding furnace prior to entering the roughing mill.

Figure 6b shows the calculated austenite grain size with slab thickness when the slab is about to
enter the holding furnace. The solid diamonds and solid lines follow the same notation for delta grains
as noted previously. The experimentally measured austenite grain size from the 85 mm slab from
Figure 2d (solid squares) is superimposed for comparison. It indicates that very good agreement was
obtained between the model prediction and the measured austenite grain size as a function of the slab
position. This provides strong support that the normal grain growth model developed here can be used
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to predict austenite grain growth at high temperatures prior to the thermomechanical processing. The
calculated austenite grain size for the 70 mm slab and the corresponding experimental measurements
(Figure 3d) with slab position is shown in Figure 6c. Once again, the predicted austenite grain size was
in good agreement with the experimental data as a function of slab position. This agreement further
validates the grain growth treatment employed here and supports the applications of the model in the
following sections.

 
(a) (b) 

 
(c) 

Figure 6. (a) The predicted delta grain size as a function of slab position; (b) comparison of model
prediction and experimental measurement of austenite grain size with slab position before the 85 mm
slab enters the holding furnace; and (c) comparison of model prediction and experimental measurement
of austenite grain size with slab position before the 70 mm slab entering the holding furnace.

3.2. Increasing Cooling Rate to Refine As-Cast Microstructure

Reducing the slab thickness can increase the cooling rate at the slab center, which can refine the
austenite grain at the slab center and reduce the non-uniformity of the as-cast microstructure. In what
follows, the consequences of reducing the slab thickness from 85 mm to 50 and 30 mm are examined
assuming that the only change is the enhanced cooling rate of the slab [25–27]. In order to determine
the cooling rate and the initial secondary dendrite arm spacing, the CON1D V7.0 slab casting heat
transfer model [22] was used for slabs of 85, 50, and 30 mm slab thicknesses, as shown in Figure 7.

The initial delta-ferrite grain size was, once again, taken to be SDAS; therefore, the model
prediction of delta grain size as a function of position for the 30 and 50 mm thin slabs just before the
onset of the delta to gamma transformation are shown in Figure 8a, which also includes, for comparison,
the results shown earlier for the 70 and 85 mm slabs. The calculated austenite grain size before entering
the homogenization furnace is shown in Figure 8b. The symbols in these Figures have the same
meaning as discussed previously.
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(a) (b) 

Figure 7. CON1D V7.0 slab casting heat transfer model predicted: (a) cooling curves; and (b) secondary
dendrite arm spacing (SDAS) at different positions of 30, 50, and 85 mm slabs.

 
(a) (b) 

Figure 8. (a) The predicted delta grain size of 30, 50, 70, and 85 mm slabs as a function of slab
position just before the onset of the delta to gamma transformation; (b) the predicted austenite grain
size of 85, 70, 50, and 30 mm slabs as a function of slab position when the slab is about to enter the
homogenization furnace.

It is clear from these calculations that, due to the enhanced cooling rate, austenite grains at
the center of the thinner slabs had greatly reduced in size. When the slabs were about to enter the
homogenization furnace, the austenite grain size at the center of the 85 mm thick slab was about
1058 μm. However, the grain size was 896 μm at the center of the 70 mm thick slab, 693 μm at the center
of the 50 mm thick slab, and 470 μm at the center of the 30 mm slab. In addition, the homogeneity
of the microstructure had improved by increasing the cooling rate; the ratio of largest grain size to
smallest grain size was 3.8 to 1 for the 85 mm thick slab, 2.8 to 1 for the 50 mm thick slab, and 2.1
to 1 for the 30 mm slab. Therefore, one can conclude that reducing the slab thickness can refine and
homogenize the as-cast microstructure due to the enhanced cooling rate at the center of the slab.
Experimental measurements of 85 mm (Figure 2) and 70 mm (Figure 3) industrial slab austenite grain
sizes, using the distance from the slab surface to center, demonstrated the validity and technological
merit of the increased cooling on reducing austenite grains at the center of the slab. The austenite
grain size could be reduced from 1151 to 858 μm if the casting slab thickness was reduced from 85
to 70 mm. The main difficulty in applying this method is that it requires changing the layout of the
TSCDR process for casting thinner slabs, such as 50 and 30 mm thick slabs. In addition, the smaller
slab thickness will further reduce the amount of thermomechanical processing that can be performed
downstream, resulting in a larger average grain size, and possibly more grain size non-uniformity
despite the improved initial microstructure. Thus, an optimum thickness could be determined by
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considering both the solidification and grain growth (as described above) as well as the subsequent
thermomechanical processing.

It is well established that as-cast microstructure is a function of the solidification rate (V) and
temperature gradient (G) ahead of the solid–liquid front. The effect of the temperature gradient and
velocity on the primary dendrite arm spacing can be summarized in the following equation [28,29]:

λ1 = A1G−mV−n (5)

where λ1 is the primary arm spacing, G is the average temperature gradient in front of tip of dendrite
in the liquid side, and V is average solidification velocity. A1, m, and n are constants. For the secondary
dendrite arm spacing λ2, the most widely accepted expression for the relationship between λ2 and
cooling rate (GV) [30,31] is:

λ2 = B1(GV)−n (6)

where B1 and n are constants. Increasing secondary cooling with restricted casting speed will increase
the cooling rate (GV). As a result, the primary and secondary dendrite arm spacing will decrease
based on Equations (5) and (6). Figure 9a shows the Algoma DSPC model-predicted slab surface
temperatures using different secondary cooling set-ups (the water loops configuration of DSPC is
illustrated in Figure 9b). The solid diamonds are the slab surface temperatures for the standard spray
cooling set-up used for low carbon steels, 0.6 L/kg of hot steel, and the increased secondary cooling,
1.4 L/kg of hot steel, is used for HSLA steels (solid squares in Figure 9a). When the liquid superheat
was above 15◦C, the casting speed was restricted to 3.0 m/min; once the liquid superheat was below
10 ◦C, the casting speed could be increased to 3.4 m/min. Based on the above setup, the predicted
85-mm slab surface and center temperature profiles using increased secondary cooling, with a casting
speed of 3.0 m/min, using the CON1D V7.0 model are shown in Figure 9c. Figure 9d shows austenite
grain size with slab position using standard cooling and increased secondary cooling. The solid
line highlights the trends of grain refinement with distance from the slab surface to the center. The
increased secondary cooling practice was predicted to have a much finer austenite grain size than the
standard spray practice at both the surface and center of the slab; austenite grain size was reduced
from 276 to 253 μm at the surface and from 1058 to 808 μm at the slab center.

 
(a) (b) 

Figure 9. Cont.
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(c) (d) 

Figure 9. (a) the Algoma direct strip production complex (DSPC) model-predicted slab surface
temperature using different secondary cooling set-ups; (b) the water loops configuration at Algoma
DSPC; (c) the calculated 85 mm slab temperature profile using increased secondary cooling; and (d)
comparison of 85 mm slab austenite grain sizes using standard cooling and increased secondary cooling.

3.3. Liquid Core Reduction

The TSCDR process at Algoma Inc. can adjust the strand gap dynamically during the casting
process. The strand thickness can be reduced just below the mold by a tapered roll guide configuration
of the “0” segment. Approximately a 10–30 mm strand reduction can be achieved with liquid core
by means of many hydraulically-adjustable roll support segments. In this way, the slab thickness
can be reduced from 98 mm to either 85 or 70 mm (Figure 10a). The liquid core reduction during
casting produces a convective movement, which mixes the solidified dendrite structure and the liquid
steel. A melt flow introduced by convection will generate strong shear stresses, which will shed away
the newly formed dendrite arms near the solidification front. The newly formed dendrite crystals
are then transported into the hot liquid pool by convective movement. Some of the dendrites are
re-melted, while others survive and are transported back to the solidifying region. These surviving
broken dendrite tips then form additional nucleation sites for delta-ferrite [32]. The finer delta-ferrite,
in turn, will provide more nucleation sites for austenite during the delta-ferrite to austenite phase
transformation resulting austenite grain refinement. This basic grain multiplication mechanism
induced by liquid core reduction is shown schematically in Figure 10b.

 
(a) (b) 

Figure 10. (a) Sketch diagram of liquid core reduction during thin-slab cast direct-rolling (TSCDR)
process; (b) the basic mechanism of grain multiplication or grain refinement from liquid core reduction
in the solidification region. The convective movement generates shear, to break the dendrite tips,
and circulates the debris in the liquid pool.
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The liquid core reduction can not only refine as cast microstructure, but also can reduce center
line segregation, as well as other solidification-related defects, such as shrinkages and porosity.
The metallurgical length for HSLA steels is about 10.0 m which is at the end of segment “6”. The liquid
core reduction system together with a dynamic control of the liquid pool length can predict the best
squeezing point during casting for these HSLA grades. For API X70, the liquid core reduction was
set to occur at the fraction solid between 0.4–0.6. Figure 11a,b show API chemistry slab macro etch
from strand 3 and strand 4 at the slab center position, respectively. The strand 3 slab sample shows
centerline segregation and solidification shrinkages, which indicates that the squeezing was done late
with higher solid fraction; however, the strand 4 sample had the diffused centerline, which confirms
that the liquid core reduction was carried out at the optimum set point in the solid fraction.

 
(a) 

 
(b) 

Figure 11. API X70 slab macro etch from: (a) strand 3; and (b) strand 4, with different set points of
liquid core reductions.

3.4. Increasing the Number of Austenite Nucleation Sites during Delta-Ferrite to Austenite
Phase Transformation

The HSLA steels are low carbon steels (<0.08 wt %) which solidify as delta-ferrite. The ThermoCalc
predicted the delta to austenite phase transformation was about 1477 ◦C (Table 2) and occurred during
the liquid core reduction stage. Very little information is available concerning the kinetics of this
transformation and its effect on the grain size. To demonstrate the refinement of as-cast microstructure
using deformation, the Fe-Al model alloy (Table 1) was studied using a quenching dilatometer at
the CANMET Materials Technology Lab [33]. The specimen was reheated into the delta region
for 60 s; a compressive strain of 0.2 was applied, and then cooled to 1125 ◦C at a cooling rate of
50 ◦C/s. The deformed sample was quenched to room temperature as soon as it reached 1125 ◦C.
Figure 12a shows fine sub-grains that were present within the original delta-ferrite grains. Higher
magnification SEM image (Figure 12b) confirmed that the sub-grain boundaries and the delta-ferrite
grain boundaries were decorated by fine austenite precipitates. An electron backscatter diffraction
(EBSD) map (Figure 12c) showed that austenite grains nucleated along the delta grain and sub-grain
boundaries (red line is large angle grain boundary (θ > 12◦) and the white is low angle grain boundary
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(12◦ > θ > 2◦)). This demonstration suggested that sub-grains formed as a result of deformation
prior to the delta-ferrite to austenite transformation. During this phase transformation, the sub-grain
boundaries and the original delta grain boundaries provided nucleation sites for austenite grains,
which would lead to the refinement of the austenite grain structure.

  
(a) (b) 

 

(c) (d) 

Figure 12. Microstructure of model Fe-Al alloy reheated into the delta region for 60 s, a compressive
strain of 0.2 was applied followed by cooling at 50 ◦C/s to 1125 ◦C; the sample was quenched to room
temperature as soon as it reached 1125 ◦C: (a) Fine sub-grains present within the original delta-ferrite
grains; (b) austenite nucleates along the original delta grain boundaries; (c) electron backscatter
diffraction (EBSD) shows austenite grains nucleated along the delta grain and sub-grain boundaries,
and (d) predicted austenite grain size when the slab is about to enter the homogenization furnace, with
different austenite nucleation sites.

To capture the effect of austenite nucleation sites on the austenite grain coarsening kinetics,
the validated grain growth model can be used to calculate austenite grain evolution at different stages
of the TSCDR process. Figure 12d summarizes the predicted austenite grain sizes when the slab is
about to enter the holding furnace for the different densities of austenite nucleation sites. The various
lines represent the grain size achieved when 12, 6, and 3 austenite grains nucleate within each delta
grain. The calculation reveals that these extra nucleation sites had little effect on the final grain size
at the surface of the slab; however, the austenite grain did decrease with increasing the austenite
nucleation sites; the austenite grain in the 85 mm slab center could be reduced from 1058 μm to
945 μm and 856 μm, respectively. The purple line in Figure 12d indicates the austenite grain size
trend by using the austenite nucleation density 12 and increased secondary cooling. The austenite
grain size in the slab center could be refined from 1058 to 705 μm. The calculated results predicted the
potential of increasing the number of austenite nucleation sites during the delta-ferrite to austenite
phase transformation to refine the austenite grain size. Much more work is still needed; however,
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to design new alloys and the deformation schedule during casting that could take advantage of this
novel approach.

3.5. Control of Holding Furnace Temperature and Holding Time

Once the continuous slab leaves the secondary cooling zone it is cut to length and then sent to the
roller hearth holding furnace, waiting for thermomechanical processing. The holding furnace standard
set-up for HSLA at Algoma DSPC has a holding temperature of 1150 ◦C for 18 min. Austenite grains
continue to coarsen inside the holding furnace. The experimental measurement of austenite grain size
from the 85 and 70 mm slabs (Figures 2d and 3d) were used as the initial grain size, and the effects
of holding temperature and time on austenite grain coarsening by using Equations (2) and (4) are
summarized in Figure 13.

  
(a) (b) 

  

(c) (d) 

Figure 13. (a) Comparison of DSPC 85-mm thick slab austenite grain size before entering and after
leaving the holding furnace (1150 ◦C, 18 min); (b) comparison of DSPC 70-mm thick slab austenite
grain size before entering and after leaving the holding furnace (1150 ◦C, 18 min); (c) the effect of
holding temperature 1120 and 1150 ◦C on austenite size after leaving the holding furnace; and (d) the
effect of holding time and temperature on austenite grain size after leaving the holding furnace.

Figure 13a shows that, for a DSPC 85 mm slab, austenite grain diameter increased from 50
to 784 μm at the slab surface and from 1161 to 1391 μm in the slab center when the slabs were
held at 1150 ◦C for 18 minutes. Extremely large austenite grains existed at the slab center before
thermomechanical processing. Austenite grains coarsen much faster on the slab surface than in the
slab center due to the larger driving force on the surface. Austenite grain size close to the center
of the slab could be reduced from 1391 to 1161 μm by casting a 70 mm slab instead of 85 mm slab
(Figure 13b). The effect of holding temperatures on austenite coarsening kinetics is shown in Figure 13c.
Once again, the experimental measurement data were used as initial grain size, and the holding time,
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18 min, was used for the calculation. The austenite grain size could be reduced from 1391 to 975 μm if
increased secondary cooling was used, as well as using the austenite nucleation density 12 during the
delta-ferrite to austenite phase transformation when casting an 85 mm slab. The effect of holding time
at 1150 and 1120 ◦C is summarized in Figure 13d. The best combination to control austenite coarsening
was to use increased secondary cooling during casting and to set up the holding furnace at 1120 ◦C for
15 min; thus, the austenite grain size could be reduced from 1391 to 935 μm.

3.6. The Possibility of Producing a New Alloy with Two-Phase Pinning

To refine HSLA steels’ austenite grain size during the TSCDR process, carbides/nitrides of Ti,
Nb, and V are extensively used to retard grain growth at high temperatures [34,35]. However, these
precipitates are ineffective at pinning grain growth when the steel is held at a high temperature for
a long time, due to the dissolution of fine particles and rapid particle coarsening. Zhou et al [36,37]
proposed a new steel system that can automatically pin the delta grain growth by using a small volume
fraction of austenite phase at high temperature. The grain growth is controlled by the austenite phase
coarsening rate, which is determined by the bulk diffusion.

Figure 14a shows the CON1D calculated temperature profile at the slab surface as well as those
at 5 and 10 mm below the surface of an 85 mm API X70 slab, at Algoma Inc., using the DSPC
process cast at a speed of 3.4 m/min. The recorded thermal profile obtained from the laboratory
solidification experiment using the new Fe-Al model alloy (Table 1) was superimposed for comparison.
The reordered cooling rates, using water quenching, forced air cooling, air cooling, and in mold cooling
used in the lab processing were similar to the cooling rates calculated at the slab surface, 5 and 10 mm
below the surface, and at the slab center of the TSDCR cast 85 mm slab. In this way, one can compare
the average grain sizes obtained from the solidification simulation tests to the grain-sizes measured
at 0, 5, and 10 mm below the surface and the center of the industrial slab. These comparisons are
shown in Figure 14b, in which the grain-size prior to entry into the soaking furnace was obtained by
directly measuring the prior austenite grain size as a function of distance from the surface of the slab
(Figure 2d). The data points for the new steel were positioned by matching the cooling rates in the
solidification simulation test to the position at which these cooling rates would be observed within the
slab. It can be seen that the expected grain size at the center would be 280 μm, compared to 1475 μm
for API X70, if the new steel was cast in the form of an 85 mm slab. This clearly demonstrates the
potential advantage of this new alloy. One could also compare the grain-sizes within the API X70 slab
after exiting the soaking furnace, to those expected in the new alloy, and observe that the grain size
of the new alloy was essentially unchanged as a result of soaking, which can prevent excessive grain
growth prior to the onset of thermomechanical processing.

  

(a) (b) 

Figure 14. (a) Comparison of CON1D predicted temperature profiles on the surface and 5 and 10 mm
below the API X70 85 mm slab, and the recorded thermal profile during simulation process [37];
(b) comparison of grain size evolution with slab distance using the TSCDR process to produce API X70
and Fe-Al new alloy.
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4. Conclusions

The developed grain growth model successfully reproduced grain growth as a function of position
within the API X70 slab in the TSCDR process. The results suggest that it is essential to control grain
coarsening in each step, from solidification to the holding furnace, in order to maintain a required fine
and uniform austenite grain size prior to the onset of thermomechanical processing.

Reducing the slab thickness can increase the cooling rate at the slab center during the TSCDR
process. Predictions of the grain growth model suggest that austenite grain diameter can be reduced
from 1345 to 500 μm if a 30 mm slab high cooling rate is produced. In addition, this would lead to less
non-uniformity in the as-cast microstructure by refining the grains at the center of the slab. Increasing
secondary cooling with restricted casting speed will increase cooling rate, resulting in primary and
secondary dendrite arm spacing refinement. Increased secondary cooling, from 0.6 L/kg of hot steel
to 1.4 L/kg of hot steel, can reduce the grain size at the center of an 85-mm thick slab, from 1345 to
942 μm.

Liquid core reduction together with dynamic control of the liquid pool length can not only reduce
center line segregation and solidification-related defects, but also provides the potential for generating
more nucleation sites for delta-ferrite resulting in austenite grain refinement.

Increasing the number of austenite nucleation sites during the delta-ferrite to austenite phase
transformation is an effective method of refining and homogenizing the as-cast microstructure of
the TSCDR micro alloyed steels. When the Fe-Al model alloy was deformed prior to the onset of
the delta to gamma transformation austenite, nucleated prolifically along the original delta grain
boundaries and the newly recrystallized delta grain boundaries. The application of 20% deformation
generated more than 30 recrystallized grains in each original delta grain. The calculations confirmed
that the austenite grain in the 85 mm slab center can be reduced from 1345 to 1001 μm by doubling the
nucleation sites.

Austenite grains continue growing inside the holding furnace. Optimizing the holding temperature
and time can control austenite coarsening. The austenite grain size can be reduced from 1475 to 1072 μm
if casting a 70 mm slab with a soaking temperature of 1120 ◦C for 10 min, instead of 1150 ◦C for 18 min.

The use of a delta-ferrite/austenite duplex microstructure is an effective method to retard
grain growth at high temperatures. In the delta-ferrite/austenite duplex microstructure, the delta
grain growth rate is very slow and controlled by the rate of coarsening of second phase particles.
The developed grain growth model predicts that the delta grain size is 10 times smaller in a duplex
microstructure than that in materials without pinning. Laboratory validation shows that the delta
grains are pinned throughout the TSCDR process, starting from the final stages of solidification.
The concept of dual phase to retard grain coarsening, as demonstrated by the delta-ferrite/austenite
duplex microstructure, has great potential for producing more uniform as-cast microstructure for the
TSCDR process.
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Appendix A

To calculate the grain boundary mobility M(t) in Equation (A1), the Turnbull mobility was used
as an initial estimation:

Mpure =
wDGBVm

b2RT
(A1)

In the above equation, w is the grain boundary thickness, DGB is the grain boundary self-diffusion
coefficient, Vm is the molar volume, b is the magnitude of the Burgers vector, R is the gas constant
and T is the absolute temperature. The delta-ferrite has body-centered-cubic (BCC) crystal structure,
the Burgers vector is b = 1/2<111> and b =

√
3a/2, where a is the lattice parameter of delta-ferrite,

0.286 nm. The molar volume, Vm = 7.11 cm3. The activation energy for diffusion along the grain
boundary was taken to be QGB = 0.68Q, where Q = 256 kJ/mole is the activation energy for bulk
diffusion in BCC. Finally, w = 1 nm and QGB0 = 1.67 × 10−4 m3/s. Given that Turnbull mobility does
not take into account attachment kinetics, the grain boundary mobility in this way overestimates the
experimental grain growth kinetics. The best fit of the experimental data was obtained using a mobility,
which is 1/3 of the Turnbull estimate [9]. Therefore, the delta grain mobility used in this work was:

Mδ(t) =
0.7075
T(t)

× exp
(−20, 995.43

T(t)

)
(A2)

To estimate the mobility of the austenite grain boundaries, the austenite with face-centered cubic
(FCC) crystal structure has b = 1/2<110>; therefore, b =

√
2a/2, where a is 0.357 nm. The molar

volume, Vm, is 6.85 cm3, the bulk diffusion activation energy in FCC Q = 284 kJ/mole, and that of
grain boundary diffusion is: QGB = 0.61Q. w = 1 nm and QGB0 = 0.49 × 10−4 m3/s. Once again,
the Turnbull mobility leads to an overestimation of the austenite grain growth kinetics. The best fit
of the experimental data was obtained with a mobility, which is 0.96 times the Turnbull estimate [9].
Thus, the austenite grain boundary mobility used in this calculation was:

Mγ(t) =
0.3072
T(t)

× exp
(−20, 837.14

T(t)

)
(A3)

The cooling path T(t) at each point of the slab and secondary dendrite arm spacing, thermophysical
properties, and spray heat transfer coefficients were calculated using the CON1D V7.0 slab casting
heat transfer model. The casting speeds for different slab thicknesses used in the simulations are listed
as the following:

(1) 85 mm slab, casting speed 3.0–3.4 m/min;
(2) 70 mm slab, casting speed 3.4–4.0 m/min;
(3) 50 mm slab, casting speed 4.5–5.5 m/min;
(4) 30 mm slab, casting speed 4.5–6.5 m/min.
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Abstract: Surface cracking seriously affects the quality of beam blanks in continuous casting. To study
the mechanism of surface crack initiation and propagation under beam blank mesoscopic condition,
this study established a polycrystalline model using MATLAB. Based on mesoscopic damage
mechanics, a full implicit stress iterative algorithm was used to simulate the crack propagation and
the stress and strain of pores and inclusions of the polycrystalline model using ABAQUS software.
The results show that the stress at the crystal boundary is much higher than that in the crystal, cracks
occur earlier in the former than in the latter, and cracks extend along the direction perpendicular to
the force. When a polycrystalline model with pores is subjected to tensile stress, a stress concentration
occurs when the end of the pores is perpendicular to the stress direction, and the propagation and
aggregation direction of the pores is basically perpendicular to the direction of the tensile stress.
When a polycrystalline model with impurities is subjected to force, the stress concentrates around
the impurity but the strain here is minimal, which leads to the crack propagating along the impurity
direction. This study can provide theoretical guidance for controlling the generation of macroscopic
cracks in beam blanks.

Keywords: polycrystalline model; pores; inclusions; mechanism; beam blank; crystal; propagation

1. Introduction

As the raw material of H-beam production, the beam blank has the advantages of fewer rolling
passes, high production capacity, low maintenance cost, and high product quality [1,2]. However,
because of the complexity of its section, there are often more quality problems than with other blank
types [3], particularly surface cracks [4] as shown in Figures 1 and 2 [5]. To meet the new requirements
of a new era in terms of the quality of the beam blank and reduce the surface cracks of the billet, it is
urgent to conduct in-depth theoretical research on the surface crack propagation mechanism of the
billet at different scales, and thus to play a good guiding role in the production of the beam blanks.

At present, the research on cracks of beam blanks has mainly focused on optimizing the process
parameters and improving the equipment structure [6–10]. Numerical simulation of crack initiation
and propagation of beam blanks remains less studied and the study of the stress concentration effect
on the grain interior and boundary is lacking; study of the effects of inclusions and pores on crack
initiation and propagation under mesoscopic conditions does not exist. Lasko et al. simulated the
crack generation and expansion process of Al2O3/6061 Al composites under different mechanical
properties and damage parameters using ABAQUS [11]. Jiang et al. introduced the nodal enrichment
functions in the extended finite element method and used the level set method to track the crack
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propagation path of the compact tension specimen [12]. Wang and Schwalbe studied the transition
from intercrystalline to transcrystalline fatigue crack propagation under different ageing conditions of
the alloy Cu-35%Ni-3.5%Cr [13]. Shen simulated the crack propagation of the slab under a mesoscopic
condition [14]. Xue et al. used the Abaqus program and its user subroutine UVARM to simulate and
analyze the single micro-crack mode in a microcosmic view field, and found that the crack propagation
form is different with different presetting angles under different stress states; the higher the stress
triaxiality value, the more easily the crack propagates, while the crack tends to close when the value
is negative. The deformation energy ratio can precisely reflect the influence degree of stress states
on crack propagation [15]. The aforementioned literature addresses crack initiation and propagation.
Although some of these studies were completed under microscopic observation, the studies of the
Q235B beam blank, particularly under the polycrystalline model, were nearly unable to study the
effect of inclusions and pores on crack initiation and propagation. The polycrystalline model combined
with metallographic experiments is closer to reality, and can do what other model simulations could
not do prior. In this study, through the establishment of a polycrystalline model, the crack propagation
process in the crystal of a beam blank is analyzed, and the stress and strain conditions with pores or
inclusions are also analyzed, providing theoretical guidance for the generation of macroscopic cracks
and process optimization.

Figure 1. Cross-section schematic of a beam blank [5].

Figure 2. Surface cracks and blowholes on (a) web and (b) fillet of actual beam blank [5].
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2. Establishment of a Polycrystalline Model

The polycrystalline model in this study was mainly programmed using MATLAB software (USA).
A Voronoi diagram was drawn using the program; its process is shown in Figure 3. The main principle
of Voronoi diagram construction is to first randomly generate N points within a certain coordinate
range, and then form a triangle with the three points closest to each other, which will generate an
infinite number of triangles in the range of coordinates, forming a network. Finally, the midline of
the three sides of each triangle in the triangle net is created, and these midlines are connected to form
the final polycrystalline model. We termed this method the dual generation method. As can be seen
from Figure 4, the polycrystalline model drawn using this method can not only show the irregularity
in the size and distribution of grains, but also be consistent in terms of actual grain morphology [16].
Therefore, it is reasonable to draw a polycrystalline model using this method.

Figure 3. Implementation process of the Voronoi diagram.

  
(a) (b) 

Figure 4. Grain size diagram of (a) polycrystalline Voronoi diagram in MATLAB and (b) actual grain
size of the beam blank.

The coordinates of each point obtained from MATLAB are written into the input file and imported
into ABAQUS software (6.12 Abaqus, France) to obtain the polycrystalline model. The size of the
model area was 0.1 mm × 0.1 mm, as shown in Figure 5; the related parameters of the Q235B materials
in the simulation are shown in Table 1.
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Table 1. Main parameters used in the simulation.

Parameter Data

Steel grade Q235B
Steel compositions C: 0.19%, Mn: 0.43%, Si: 0.20%, P: 0.025%, S: 0.007%

Elastic Modulus of matrix (Em) 206 GPa [16]
Elastic Modulus of inclusion (Ei) 20,600 GPa [16]

Poisson’s ratio (ν) 0.28 [16]
Specific heat (Cp) 687 J/kg·◦C [14]

Thermal conductivity (λ) 32 W/m·◦C [14]
Thermal expansion Coefficient (α) 1.30 × 10−5 m/K [14]

Ultimate tensile strength (σb) 390 MPa [14]
Yield stress (σs) 235 MPa [14]

The density of strand (
) 7400 kg/m3 [14]

Figure 5. Two-dimensional polycrystalline model in ABAQUS.

2.1. Polycrystalline Model with Cracks

Four types of cracks of different angles and different positions were created on the polycrystalline
model of the beam blank. The location of the crack was in the grain interior and the grain boundary; the
angles between the crack and tensile stress were 15◦, 45◦, 75◦, and 90◦. Figure 6 shows the two typical
positions of cracks and loading direction into a 45◦ angle.

 

Figure 6. Crack position distribution diagram of the crack with the tensile stress at an angle of 45◦.
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2.2. Polycrystalline Model with Pores

During the process of casting the beam blank, the generation of pores is mostly caused by improper
protective casting, wet raw materials, poor baking in tundish, poor deoxidization of the liquid steel,
and poor degassing in refining [17,18]. The existence of pores will have a great impact on the tensile
properties of the materials; therefore, the simulation of the stress and strain of a polycrystalline model
with pores is of special significance to prevent the generation of cracks.

Models with pores are mainly created in component modules. When creating the model, material
properties such as the elastic modulus and Poisson ratio of the model are assigned to the attribute
module, while those with holes are not assigned to properties. Based on the original polycrystalline
model, a hole was obtained by cutting into the assembly module, and a model with pores was
established to simulate the stress and strain. Figure 7 shows the pores distribution on the polycrystalline
model components.

 
Figure 7. The distribution of pores on the polycrystalline model components.

2.3. Polycrystalline Model with Inclusions

Inclusions in the billet are typically harder than the matrix, which may cause stress concentration
around the impurities, leading to metal damage or fractures. Therefore, the study of a polycrystalline
model with impurities has a great effect in reducing cracks in the beam blank.

Models with inclusions were also created in the component module. In the attribute module,
the matrix was endowed with corresponding elasticity and plasticity. However, because of the high
hardness of the inclusions, it was difficult to produce deformation; thus, only the elastic modulus is
provided, which is 100 times the size of the matrix [16]. Based on the original polycrystalline model,
inclusions were obtained using an incorporating method in the assembly module. Figure 8 shows the
distribution of the inclusions on the polycrystalline model components.

 

Figure 8. Inclusions distribution on the polycrystalline model components.
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2.4. Meshing and Initial Boundary Conditions

By referring to the relevant data, it was found that during the process of elastoplastic analysis,
when the object of the study is an incompressible material, non-coordinated units and linear reduction
integral units are mainly used. A linear reduction integral can make the calculation easier and save time.
The element type selected using this calculation method in ABAQUS was CPS4R, that is, a four-node
bilinear plane stress quadrilateral reduced integration element. The control property of the grid
was quadrilateral. In this case, the total number of units in the model was 6562; the meshing of the
polycrystalline model is shown in Figure 9.

 
Figure 9. Meshing of the polycrystalline model.

In this study, the boundary condition set in ABAQUS was to select the displacement/rotation
angle, the freedom of the boundary UR3 in the X direction was set to 0, velocity loads were separately
applied on both sides, and speed/acceleration was selected with a magnitude of 0.05 m/s and a velocity
load in the Y direction of 0 [16]. The boundary conditions can better reflect the actual loading conditions.
The specific load is shown in Figure 10.

Figure 10. Load distribution.

208



Metals 2018, 8, 905

3. Analysis of Crack Initiation and Propagation in a Crystal

3.1. Stress and Strain Analysis of Defect-Free Crystals

As can be seen in Figures 11 and 12, in the polycrystalline model without any defect, the stress
and strain distribution at the boundary of the polycrystalline model is obviously different from that in
the crystal, and the stress and strain at the boundary are obviously greater than those in the crystal.
This is because of the interaction of external factors and the grain boundary. For example, under a high
temperature condition, the grain boundary will undergo a structural change, which will weaken the
grain boundary. Another reason is that the properties of the grain boundary and crystal matrix are
quite different. As the tensile stress gradually increases, stress corrosion will first occur at the grain
boundary, making the grain boundary more prone to fracturing.

Figure 11. Stress distribution in the polycrystalline model without defects.

 

Figure 12. Strain diagram of the polycrystalline model without defects.
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3.2. Analysis of a Polycrystalline Model with Multiple Cracks

Cracks are created at two typical positions with four angles, different from the tensile stress.
The two typical positions are the crystal interior and boundary, respectively, at four angles between
the crack and tensile stress, namely, 15◦, 45◦, 75◦, and 90◦. Figures 13–16 show the crack propagation
in the two typical positions at different angles from the load direction.

(a) (b) 

  
(c) (d) 

Figure 13. The (a) first stage, (b) second stage, (c) third stage, and (d) fourth stage of crack propagation
with a load direction of 15◦.

  
(a) (b) 

Figure 14. Cont.
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(c) (d) 

Figure 14. The (a) first stage, (b) second stage, (c) third stage, and (d) fourth stage of crack propagation
with a load direction of 45◦.

  
(a) (b) 

  
(c) (d) 

Figure 15. The (a) first stage, (b) second stage, (c) third stage, and (d) fourth stage of crack propagation
with a load direction of 75◦.
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(a) (b) 

(c) (d) 

Figure 16. The (a) first stage, (b) second stage, (c) third stage, and (d) fourth stage of crack propagation
with a load direction of 90◦.

According to the aforementioned Figures 13–16, crack propagation occurs at the crystal boundary
prior to that in the crystal, which is a result of crystal interaction that makes the stress at the crystal
boundary more concentrated than that in the crystal. Thus, crack propagation is accelerated. Through
the analysis of crack propagation under the aforementioned conditions, the following can be found:

• The direction of the crack propagation is basically along with the direction perpendicular to
the tensile stress, and the amount of crack propagation along this direction is also the greatest,
consistent with the study of Yang et al. [19], Wang and Schwalbe [13].

• The amount of crack propagation at the grain boundary is higher than that in the crystal.
• The angle and tensile stress of the crack are unrelated to the direction of crack propagation,

and their influence on crack propagation is mainly reflected in the time and sequence of the crack
propagation and the final crack propagation displacement.

3.3. Analysis of a Polycrystalline Model of Different Porosities

Damage to metallic materials when they contain pores can be approximately divided into three
processes: first, nucleation occurs around the grain boundary or the second phase particle, then
the holes begin to grow, and finally they connect together to form cracks. Therefore, it is of great
significance to study the stress and strain process of a polycrystalline model with holes to show the
mechanism of crack formation.

212



Metals 2018, 8, 905

Figure 17 shows the stress distribution of the polycrystalline model with different porosities,
from which certain regularity can be found in pores. In the direction perpendicular to tensile stress,
the maximum stress can be observed at the end of pores; while in the same direction of the force,
the minimum stress and strain can be calculated around other pores with insignificant deformation. It
indicates that when the polycrystalline model deforms, stress concentration at the end of the pores is
mostly perpendicular to the direction of tensile stress.

  
(a) (b) 

 
(c) (d) 

  
(e) (f) 

Figure 17. Stress distribution diagram of a polycrystalline model with different porosity of (a) 0.40%,
(b) 0.60%, (c) 0.75%, (d) 0.90%, (e) 1.10%, and (f) 1.30%.

Figure 18 shows the strain results of polycrystalline models when the porosity is 0.4% and 1.3%,
respectively. It can be found from the variation diagram of strain that the plastic strain is more
concentrated around the pores than the matrix, and the polycrystalline model with a porosity of 1.3%
is significantly larger than the polycrystalline model with a porosity of 0.4%, which indicates that
the effects of different porosity on metal damage are different. At the same time, under different
porosity, the pores begin to propagate and aggregate in the direction perpendicular to the tensile
stress. The main reason for this phenomenon is that in the direction perpendicular to the tensile stress,
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the stress concentration occurs at the end of the pores, which resulting in larger equivalent plastic strain
around the pores, and the localization of the strain results in continuous aggregation and propagation
of the pores, so the crack always starts from this direction.

  
(a) (b) 

Figure 18. Tensile strain diagram with porosity of (a) 0.4% and (b) 1.3%.

3.4. Analysis of Polycrystal Model with Different Proportion Inclusions

The size and number of inclusions in steel is not only an important condition to evaluate steel
quality, but also one of the main factors causing defects, and is the unavoidable existence in steel
materials. Because the properties of the inclusions are different from the properties of the steel matrix
materials, it has a great influence on the deformation and fracture process of the steel materials. In this
paper, the stress and strain behavior of polycrystalline model with different percentage of inclusions is
simulated to analyze its effect on material failure.

On the polycrystalline model parts, different proportion areas are divided as inclusions, and then
inclusions material properties are given in the property module. Because it is a hard phase relative
to the matrix of the polycrystalline model, only elastic properties are assigned to it. In this method,
models with 0.44%, 0.57%, 0.70%, and 0.82% percentage of impurities were created respectively, and
the same boundary conditions were set for simulation. Figure 18 shows the stress distribution in
matrix with inclusions. As can be seen from the figure, the stress mainly concentrates at the inclusions,
and the stress at the inclusions is much larger than that at the matrix. The reason for this phenomenon
is that the elasticity and plasticity differences between impurities and the matrix are relatively large
in the polycrystalline model. When the polycrystalline model is under stress, impurities can hardly
meet the deformation requirements when the matrix deforms. Therefore, the impurities cannot deform
simultaneously with the matrix, as a result, the stress accumulates in and around impurities, making
the stress distribution at the impurities more obvious. Combined with Figures 17 and 19, it can be seen
that the influence of pores on the crack is greater than that of inclusions.

As can be seen from the strain of a polycrystalline model of different impurity percentages in
Figure 20, the deformation of the matrix of the polycrystalline model is much different from that of
the impurities; the deformation of the impurities is much less than that of the matrix. This is because
of the large differences in the elasticity and plasticity of the impurities and polycrystalline matrix.
After the loading is applied, the impurity cannot deform because of its properties; thus the stress
concentration will occur around the impurity and the stress value will be increasingly greater, resulting
in the separation of the impurity and the matrix, and thus a hole. Therefore, when a metal material is
subjected to a large external force, the crack will often expand along the direction of the impurities,
resulting in the material damage and fracture.
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(a) (b) 

  
(c) (d) 

Figure 19. Stress distribution diagram of a polycrystalline model with different impurity percentages
of (a) 0.44%, (b) 0.57%, (c) 0.70%, and (d) 0.82%.

  

(a) (b) 

  
(c) (d) 

Figure 20. Strain distribution diagram of a polycrystalline model with different impurity percentages
of (a) 0.44%, (b) 0.57%, (c) 0.70%, and (d) 0.82%.
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4. Conclusions

In this study, a polycrystalline model of a beam blank was established using MATLAB. Based on
mesoscopic damage mechanics, the full implicit stress iterative algorithm was used to simulate the
crack propagation of the polycrystalline model using ABAQUS software, as well as a stress and strain
simulation of a polycrystalline model with pores and impurities. The conclusions are as follows:

1. The stress at the crystal boundary is much greater than that in the crystal after loading on the
defect-free polycrystalline model.

2. Crack propagation occurs at the crystal boundary prior to that in the crystal, and the propagation
of the former is greater than that of the latter.

3. The direction of crack propagation is basically along the direction perpendicular to the tensile
stress, and the amount of crack propagation along this direction is also the greatest.

4. When a polycrystalline model with pores is subjected to tensile stress, stress concentration occurs
at the position where the end of pores is perpendicular to the stress direction, and the propagation
and aggregation direction of the pores are basically perpendicular to the direction of the tensile
stress. When the pores ends are parallel to the stress direction, the stress values at these locations
are relatively small.

5. When a polycrystalline model with impurities is subjected to a force, a large stress concentration
will occur at the impurities, while the strain generated by the impurities is the smallest. This
often causes the crack to propagate along the direction of the impurities, thus causing damage to
and fracturing of the material.

6. Both inclusions and pores affect crack initiation and propagation. Through mesoscopic simulation,
it was found that the influence of pores on cracks is greater than that of inclusions.

7. The simulation of mesoscopic crack initiation and propagation of a beam blank can provide
theoretical guidance for the generation of macrocracks and process optimization.
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Abstract: With readily available and ever-increasing computational resources, the modelling of
continuous casting processes—mainly for steel, but also for copper and aluminium alloys—has
predominantly focused on large-scale numerical simulation. Whilst there is certainly a need for
this type of modelling, this paper highlights an alternative approach more grounded in applied
mathematics, which lies between overly simplified analytical models and multi-dimensional
simulations. In this approach, the governing equations are nondimensionalized and systematically
simplified to obtain a formulation which is numerically much cheaper to compute, yet does
not sacrifice any of the physics that was present in the original problem; in addition, the
results should agree also quantitatively with those of the original model. This approach is
well-suited to the modelling of continuous casting processes, which often involve the interaction
of complex multiphysics. Recent examples involving mould taper, oscillation-mark formation,
solidification shrinkage-induced macrosegregation and electromagnetic stirring are considered, as are
the possibilities for the modelling of exudation, columnar-to-equiaxed transition, V-segregation,
centreline porosity and mechanical soft reduction.

Keywords: asymptotic analysis; numerical simulation; continuous casting

1. Introduction

Continuous casting is a process whereby molten metal is solidified into semi-finished billets,
blooms, slabs or strips for subsequent rolling in finishing mills; it is the most frequently used process
to cast not only steel, but also aluminum and copper alloys, with the main configurations being as
shown in Figure 1. Although originally a process that was developed on an industrial scale in the
early decades of the 20th century for the casting of non-ferrous alloys, its use has been widespread
also for steel since the 1950s. Compared to casting in moulds, continuous casting is more economical,
as it consumes less energy and produces less scrap. Furthermore, the properties of the products can be
easily modified by changing the casting parameters. As all operations can be automated and controlled,
continuous casting offers numerous possibilities to adapt production flexibly and rapidly to changing
market requirements and to combine it with digitization technologies. Nevertheless, new challenges
continuously arise, as ways are sought to minimize casting defects and to cast new alloys.

Metals 2018, 8, 928; doi:10.3390/met8110928 www.mdpi.com/journal/metals218
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Figure 1. Continuous casting: (a) vertical; (b) curved; (c) strip; and (d) horizontal. Reproduced with
permission from Brian G. Thomas, 2018 [1].

An important aspect in meeting these challenges is the use of modelling and simulation,
as reviewed recently for the case of steel in [2]. With readily available and ever-increasing computational
resources, the majority of modelling and simulation activity for continuous casting processes focuses
on large-scale numerical simulation. Whilst there is certainly a need for this type of modelling, the
focus in this paper is on an alternative approach more grounded in applied mathematics, asymptotic
methods in particular, which lies between overly simplified analytical models and multi-dimensional
simulations. In this approach, the governing equations are nondimensionalized and systematically
simplified to obtain a formulation which is numerically much cheaper to compute, yet does not sacrifice
any of the physics that was present in the original problem; in addition, the results should agree also
quantitatively with those of the original model. This approach is well-suited to the modelling of
continuous casting processes, which often involve the interaction of complex multiphysics.

There are several motivations for this hybrid asymptotic/numerical approach. The first is that it
has been applied successfully in other areas of science and technology, as witnessed by the growth
of an activity known as practical asymptotics [3–8]; note, however, that this is not identical to the
model order-reduction approach [9], which is also prevalent in industrial mathematics. The second is
the Moore’s law effect in modelling [10]: namely, that, although computational power doubles every
18 months, it will still be many years before all the length scales in a casting process will be numerically
resolved [11]. Moreover, although the use of asymptotic methods for the modelling of continuous
casting is not unknown, it remains somewhat limited to fluid flow and heat transfer aspects [12–20].
Thus, the goal here is to review recent activity in this area, based primarily on the activities of the
author and co-workers [21–33].

The layout of the paper is as follows. Section 2 focuses on models for the determination of
metallurgical length. Section 3 is on the role of the air gap and implementation of mould taper.
Section 4 focuses on oscillation-mark formation in the continuous casting of steel, whereas Section 5 is
on solidification shrinkage-induced macrosegregation. Section 6 is on electromagnetic stirring, with
conclusions being drawn in Section 7. Finally, Appendix A shows in more detail how the practical
asymptotics approach is applied to one of the sub-problems considered in the paper.

2. Metallurgical Length

2.1. Pure Metals or Eutectic Alloys

To be able to correctly dimension a continuous casting process, it is of primary importance to
have an estimate of where complete solidification will occur. This requires a model that takes into
account fluid flow, heat transfer and phase change; a generalized two-dimensional (2D) schematic for
this is shown in Figure 2. The inlet drawn here does not correctly reflect the situation in all continuous
casting processes. For example, for the continuous casting of steel blooms or billets, a submerged entry
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nozzle is used, whereas, for the strip casting of copper and its alloys, multiple jets are located above
the molten metal surface. For the latter, a 2D model was considered in [34,35] which employed the
k-ε model to describe the turbulent flow of molten metal; in addition, experimental measurements
were carried out to obtain data necessary for modelling the heat transfer between the solidified copper
shell and the surrounding cooling mould. The resulting equations were solved using the commercial
software CFX [36]. In much later work [21], the original model equations were reconsidered in the light
of a much simpler model which simply took account of the streaming of the melt at the casting speed,
Vcast; through asymptotic reduction, the original 2D time-independent model becomes effectively a
1D time-dependent, model, with the usual understanding that the coordinate in the casting direction
corresponds to the product of Vcast and time, if the casting geometry is slender. Moreover, since
the original model was for an almost pure copper melt, the simpler model was formulated in terms
of a sharp interface between liquid and solid phases [21]; this approach would also be suitable for
eutectic alloys.

Figure 2. Schematic of a vertical continuous casting process.

Figure 3 shows a comparison of the key results from [21,34,35]. Thus, although significantly
more computational effort was required in generating the results in [34,35], there is scant difference
between them. Whilst this may be due to the limited effects of turbulence lower down in the caster,
it is notable that all quantities agree well even near the top, where the effects of turbulence should still
be quite strong.
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Figure 3. Comparison of: (a) the location of the solidification front, ym; (b) the heat flux, Q, at the outer
edge of the copper strip; (c) the temperature at the centreline (y = W); and (d) the temperature at the
outer edge of the copper strip. In all cases, the solid line is for the full model, and the dashed line is for
the reduced model; z denotes the distance along the casting direction from the meniscus. Reproduced
from [21], with copyright permission from Elsevier, 2017.

2.2. Alloys

In general of course, the alloys that are cast have a substantial solidification interval, leading
to the formation of a mushy zone between the melt and the solid, in which both coexist; thus, the
situation is now more akin to Figure 4 than Figure 2. Typically, the numerical solution of the governing
equations is handled by introducing an auxiliary variable, commonly the local liquid fraction, and
using an enthalpy formulation on a fixed grid [37–41]. This generally functions well enough if a basic
description of fluid flow and heat transfer is required—all the more so if the solidification interval
of the alloy is large. However, it is often required to determine quantities that affect the quality of
the final solidified alloy, such as the degree of macrosegregation of an alloy’s solute elements, the
ratio of equiaxed-to-columnar crystals or the thermomechanical stress; all of these are associated
with processes in the mush. Thus, to compute all of these quantities accurately in the region where
they really matter, it would be convenient to be able to resolve the locations of the solid-mush and
mush-liquid interfaces explicitly.

The methodology to address this situation for the case of continuous casting processes was
developed in [22]. This was done by applying a boundary immobilization method for the solidus and
liquidus isotherms, transforming from (y, z) to (η, z) variables, as shown in Figure 5, with η given by
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η =

⎧⎪⎪⎨
⎪⎪⎩

y/ys (z) , 0 ≤ y ≤ ys (z)
1 + y−ys(z)

yl(z)−ys(z)
, ys (z) ≤ y ≤ yl (z)

2 + y−yl(z)
W−yl(z)

, yl (z) ≤ y ≤ W
,

where yl and ys denote the locations of the liquidus and solidus isotherms, respectively. A benchmark
problem was solved using three different formulations:

(A) an enthalpy-like formulation just mentioned using the full 2D time-independent equations;
(B) an enthalpy-like formulation using a reduction of the full 2D time-independent equations to a 1D

transient-like formulation of the type used in [21];
(C) the proposed new formulation, which is also 1D transient-like but resolves the locations of the

solidus and liquidus isotherms explicitly.
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Figure 4. 2D schematic of the vertical continuous casting of an alloy.

Figure 5. Computational domain in (η, z) variables.

The key results are summarized in Figure 6. Figure 6a–f shows, respectively, the location of
the liquidus isotherm (yl), the location of the solidus isotherm (ys), the mould wall temperature, the
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heat flux at the mould wall, the centreline temperature and the temperature gradient in the casting
direction at the centreline, and indicates that the novel formulation C gives results that agree very well
with those of the more conventional formulations A and B. In future, it is therefore hoped to extend
this formulation for modelling the multiphysical phenomena that are present in the mushy zone, as
mentioned above.

(a) (b)

(c) (d)

(e) (f)

Figure 6. (a) The location of the liquidus isotherm, yl; (b) the location of the solidus isotherm, ys;
(c) mould wall temperature; (d) mould wall heat flux, Q; (e) centreline temperature; and (f) −∂T/∂z
at the centreline. All quantities are given as functions of z. Reproduced from [22], with copyright
permission from Elsevier, 2017.
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3. Air Gap and Mould Taper

In the models presented thus far, heat transfer between the solidified shell and the mould wall is
characterized by an experimentally measured heat transfer coefficient and the surface of the mould
wall is assumed to be parallel to the casting direction. In practice, however, it is thought that an air
gap forms between the mould wall and the solidified shell when the latter, in going from a plastic to
elastic state, is strong enough to withstand the metallostatic pressure of the adjacent molten metal,
thereby receding from the mould as a result of contraction; a contributing factor is also thought to
be the expansion of the mould itself. Air-gap formation prohibits effective heat transfer between the
mould and shell, leading to longer solidification lengths and requiring supplementary process design
considerations, such as mould tapering. Consequently, the actual situation is more similar to that
shown in Figure 7, which shows the idea for the case of the casting of pure metal or eutectic alloy. Now,
in addition to determining the location of the solid/melt interface, it is also necessary to determine
the location where the air gap begins to form, denoted by zgap, as well as the width of the air gap as a
function of z, given in the figure as rw (z)− ra (z) .

Figure 7. A 2D schematic of the continuous casting process with tapered mould walls and superheat.

Early analytical models made preliminary headway on the air gap problem [42–45]. Later
papers have been solely numerical studies [46–52]. In the latter, the common approach is to employ
multidimensional finite element models to describe the coupled thermomechanical interaction that
occurs between the solidified shell and the mould wall. However, in contrast to all of these, in [24–27],
the fact that the air gap is slender was used, together with the generalized plane strain approximation,
to derive an asymptotic model for the aforementioned interaction in the case of an untapered mould;
in particular, closed-form expressions can be found for the stress and strain components. Ultimately,
the only numerical burden is the computation of a moving boundary problem for the temperature,
although with back-coupling to the structure mechanical problem via the boundary conditions; the
case of a tapered mould fits easily into this framework, since the taper is always small enough to be
amenable to asymptotic methods: for example, in the case of steel casters, the taper is usually of the
order of 2%/m [47].
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In [28,29], the interplay of melt superheat and mould taper was considered for an axisymmetric
continuous casting geometry, although we just focus on the effect of mould taper itself for one
particular value of superheat here. Figure 8a shows the different taper profiles considered; here, M is a
dimensionless parameter related to the actual mould taper, in per cent/m, by

M =
LX

100αΔT

where

X =
100
L

(
rw (0)− rw (L)

rw (0)

)
,

where α is the thermal expansion coefficient of the metal and ΔT is an appropriate temperature scale
for the problem (see [28,29] for exact details). Figure 8b–d shows, respectively, how the position of
the solid/air interface (rm), the position of the solid/air interface (ra) and the width of the air gap,
ag: = rw (z)− ra (z) , vary with z for different values of M. Lastly, Figure 9 gives an idealized result:
the minimum taper necessary to avoid any air gap at all, with Figure 8b also showing the profile for
rm, denoted there by ρ̄w, that this would correspond to. However, in Figure 9, a taper profile that is
much more extreme than those currently in use would be required.
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Figure 8. Dependence on M of: (a) the taper profile, rw (z), relative to W; (b) the position of the
solid/air interface, rm (z); (c) the position of the solid/air interface, ra (z); and (d) the width of the air
gap, ag (z).
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Figure 9. Comparison of the size of the air gap for the untapered system (solid line) with the M = 0.3
linear taper (dotted line), and the ideal taper required to completely eliminate the air gap (dashed line).

Finally, we note that, although the results in Figures 8 and 9 are for a somewhat fictitious situation,
work is nevertheless underway to extend the results to the more realistic case of the continuous casting
of round steel billets; a good source for validating the approach will be the experimental and theoretical
results in [47]. A further future extension would then be for mould taper for blooms, billets and slabs,
in which the generalized plane strain approximation can also be used, as well as the fact that the air
gap is slender and the taper is small enough for asymptotic methods to be applicable.

4. Oscillation-Mark Formation

Although the continuous casting configurations shown in Figures 2, 4 and 7 indicate a mould
that is stationary, in reality, it is made to oscillate in the casting direction; this is particularly so for
the continuous casting of steel. Moreover, a mould powder, often termed flux, is introduced over the
steel melt; the powder becomes molten and the flows between the steel and the oscillating mould,
with the resulting configuration being as in Figure 10, which depicts the initial stages of solidification
in continuous casting. In this way, solidified steel is prevented from contacting the mould directly
and resolidified flux is shaken from the surface of the mould. However, as is well-known and hinted
at in Figure 10, a detrimental effect of this construct is the formation of depressions on the surface
of the solidified steel, commonly referred to as oscillation marks; an experimental example is shown
in Figure 11. Moreover, although the mould oscillation is normally periodic in time, this does not in
general mean that the marks which form are identical and periodically spaced. For example, Figure 12
shows the spacing between thirteen marks, also termed as the pitch, taken from a continuously cast
steel sample, from which it is clear that, more often than not, the pitch obtained was close to the
average value. This may in itself not be noteworthy, other than that this average value is also close
to the theoretical value, as we show below. Further samples of experimental oscillation-mark data,
arguably the largest ever collected from a single continuous casting process, can be found in [53,54].
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Figure 10. A sketch showing how an oscillation mark forms.

Figure 11. Two adjacent oscillation marks and typically observed microstructure underneath them.

Figure 12. Experimental results showing the number of marks associated with a given pitch, taken
from [30]. The vertical dashed line shows the average value.
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Oscillation marks have been subject of modelling in the continuous casting literature since the
early 1980s [55], with the most recent review being given in [56]. At the centre of this modelling is the
need to relate it to the early experimental work of Tomono [57], which classified oscillation marks as
being either of overflow-type, in which case the solidified shell is strong enough to avoid deformation,
causing the steel meniscus to overflow the solid tip, or fold-type, in which case the solid shell is too thin
to prevent its tip from bending back under the rim pressure. Recent attempts at modelling this problem
have tended towards the use of computational fluid dynamics [56,58–61], although results which give
either fold or overflow marks remain elusive, as is a criterion, in terms of process parameters, for when
one or the other should occur.

In this context, Vynnycky et al. [30] recently revisited an earlier model for oscillation-mark
formation by Hill et al. [18], with a view to providing a detailed and systematic asymptotic analysis;
the model used lubrication theory coupled to heat conduction in the solid flux, molten flux and solid
steel regions, and was able to predict the oscillation-mark shape. This resulted in a model involving
fifteen dimensionless parameters which was able to give good agreement with the experimental
oscillation-mark profiles shown in Figure 11; the comparison is shown in Figure 13. Note that the
pitch in this figure is given by Vcast/ f , where f is the mould oscillation frequency, and that this is close
to the dashed line in Figure 11 for the values Vcast = 0.013 ms−1 and f = 19/12 s−1 used in [30,53].
Furthermore, the profiles and the character of the model, which neglects the presence of the meniscus
completely, indicated that the marks were of fold-type.

Figure 13. Comparison of the theoretically calculated oscillation mark profiles and those measured
experimentally by Saleem [53].

In further work [32], an attempt was made to extend the model to include the effect of the
meniscus, thereby allowing the possibility of model parameters to drive whether the model predicts
fold-type or overflow-type marks. For this purpose, a novel “ moving-point” formulation was derived,
which unlike the volume-of-fluid (VOF) formulation adopted in [56,58–61], attempts to track explicitly
the location of the point at which solidification first begins. This approach suggests that if solidification
has not occurred within a capillary length from the top of the meniscus, then the meniscus profile
predicted by Bikerman [62], and which emerges naturally in the asymptotic analysis in [32], will
collapse, leading to overflow; however, further work is required to extend the isothermal model
derived in [32] to determine where the temperature first becomes low enough for the steel to start
to solidify.

5. Macrosegregation

Macrosegregation is the term used to denote to variations in composition that occur in alloy
castings or ingots and range in scale from several millimetres to even metres; it is a central problem,
since it strongly influences the further workability of the cast products and their mechanical properties.
As was already well-established as early as the 1960s [63,64], it arises as a consequence of the nature
of the solidification process for alloys, which involves the formation of a mushy network of solid
dendrites through which there is the slow flow of interdendritic melt, and the transport of alloying
elements. In particular, as solidification occurs, if the solute—for example, Cu in an Al-4.5 wt% Cu
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alloy [65] or Sn in a Cu-8 wt% Sn alloy [66]—is more soluble in the liquid phase than it is in the solid
phase, then it is rejected into the melt, resulting in a non-uniform distribution of solute in the final
solidified casting.

Over the years, there has developed a substantial body of modelling work on macrosegregation
in one-dimensional transient solidification [67–72], some of which is of relevance to steady-state
continuous or direct chill casting processes. In higher dimensions, computational fluid dynamics
(CFD) is often used, although, as indicated in [73], numerical dispersion and diffusion are present in
the simulated macrosegregation profiles reported in the literature, hindering the interpretation of CFD
results. In particular, it has been found that unstructured computational meshes can eliminate the
numerical dispersion that is present when structured meshes are used; however, undesirable numerical
diffusion is introduced instead. On the other hand, refining a structured mesh alleviates problems
with numerical oscillations, but instead results in a dramatic increase in computation time [74]. More
details on recent efforts to come to grips with these difficulties can be found in [73,75–79].

One particular cause of macrosegregation in continuous casting is due to solidification shrinkage,
which tends to dominate that due to natural convection induced by thermal and solutal gradients.
The modelling of this phenomenon is particularly amenable to asymptotic methods since the
macrosegregation is driven by a dimensionless parameter, ε = ρs/ρl − 1, that is often no greater
than around 0.1; here, ρs and ρl are the solid and liquid densities, respectively. Consequently, the
resulting non-uniform solute profile can be obtained as the second term in a regular perturbation
series in ε. As a result, and as shown in [23], there is therefore no need to resort to CFD to compute
the Darcy-damped Navier–Stokes equations for modelling the melt and the mushy zone. Although
the analysis is algebraically somewhat lengthy, the computational load is not; moreover, because of
the hybrid analytical-numerical method used, there is no possibility for any numerical diffusion or
dispersion. The situation considered in [23] is similar to that in Figure 4, although with no superheat,
so that there is only a mushy zone and a fully solidified region. Moreover, the lever rule is assumed for
microsegregation at the microscale, and it is demonstrated analytically that the leading-order solute at
the macroscale is also given by the lever rule.

The results of the approach were compared with those obtained in [80] using CFD for the
continuous casting of an Al-4.5 wt% Cu alloy, and are shown in Figure 14. Several features are
noteworthy in this figure. First, we see so-called inverse segregation at y = 0: this is the well-established
phenomenon wherein the solute concentration is higher at the outer surface of the casting than
it is elsewhere [65,74,81]. Moreover, near y = W, we would expect to see negative segregation,
i.e., the concentration would be less than the initial composition. Note that two curves have been
included from [80]: one using the linearized phase diagram for the Al-Cu system, and one using the
non-linearized phase diagram. As can be seen, the agreement with the results of the asymptotic model
is very reasonable for y ≤ 0.02 m, although rather less so thereafter. This could be due to a variety
of factors:

• the fact that the model in [23] does not include superheat, whereas the model in [80] had a
superheat of 27 K;

• in [80], numerical issues associated with the use of CFD, of the type mentioned earlier; and
• the fact that the geometry in question, which has an aspect ratio of six, is not slender enough for

the asymptotic approach to be valid.

It is clear that the method based on the asymptotic approach is far from complete, with the most
urgent extensions being the inclusion of superheat and the possibility to assume Scheil equation- or
back diffusion-based microsegregation at the microscale.
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Figure 14. Comparison of the macrosegregation profiles obtained in [80], using the linearized and
non-linearized phase diagrams for the Al-Cu system, and using the asymptotic model in [23].

6. Electromagnetic Stirring

Electromagnetic stirring (EMS) has been used in the continuous casting of steel [82] since the 1970s
as a way to control solidification structures. Since roughly the same time, mathematical modelling has
been used to elucidate the actual role of EMS in affecting the motion of the steel melt; most noteworthy
is a sequence of papers by Schwerdtfeger and co-workers [83–88] which explore, both experimentally
and theoretically, the effect of stirring in the round-billet, rectangular-bloom and slab geometries that
are characteristic for the continuous casting of steel. In particular, the models considered consist of the
turbulent Navier–Stokes equations for the velocity field of the molten metal and Maxwell’s equations
for the induced magnetic flux density. In principle, there is two-way coupling between the models,
since the alternating magnetic field gives rise to a Lorentz force which drives the velocity field, which
can in turn affect the magnetic field. Typically, the magnetic Reynolds number is rather low, and rarely
greater than unity, meaning that the velocity-free Maxwell’s equations can be solved; the output is
then used to constitute the Lorentz force which drives the velocity field. Moreover, the frequency of
the magnetic field is typically great enough to allow the use of the time average of the Lorentz force as
input to the Navier–Stokes equations.

In calculating the induced magnetic field, an assumption is necessary as regards the applied
oscillating field surrounding the domain of interest, typically the steel strand. In the models mentioned
above [83–88], the assumption comes in the form of a boundary condition for the normal component of
the magnetic flux density at the surface of the strand. However, revisiting the problem for the
continuous casting of round billets [83,88], the configuration for which is shown in Figure 15a,
Vynnycky [31] showed that prescribing the normal component of the magnetic flux density at the
surface of the strand leads to a non-unique solution for the components of the magnetic flux density,
and hence for the components of the time-averaged Lorentz force. On the other hand, it was found that
prescribing the tangential component of the magnetic flux density would lead to a unique solution.
Moreover, for the circular configuration, it was found that it was possible to choose the tangential
component so that the original expressions for the components of the time-averaged Lorentz force, first
given in [83,88], would be recovered. In addition, although the analysis was carried out for when the
magnetic Reynolds number is small enough that there is only one-way coupling between the fluid flow
to the magnetic field, the result concerning non-uniqueness would hold even when there is genuine
two-way coupling.

At present, work is under way to re-evaluate the corresponding situation for rectangular
strands [84], which is algebraically more complex. Nevertheless, a resolution of the issue is timely,
since the expressions derived in [83,88] for the components of the time-averaged Lorentz force have
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been cited and used on numerous occasions since, even up to the present day [89–94]. Moreover,
the results are even more significant in the case of modulated EMS [95–97], where magnetic fields of
different frequencies are applied and it is the intention that the resulting Lorentz force should have
a constant time-averaged and a time-varying component; in this case, posing the correct boundary
conditions for the magnetic field is vital for obtaining meaningful results from modelling.

A further activity concerns obtaining a better idea of how the solid and mushy zones that
form during continuous casting, giving the situation shown in Figure 15b, affect the ability of the
applied magnetic field to stir the remaining melt [33]. Some preliminary results are given in Figure 16
for the case of round billets. For these results, the model parameters from [83,88] have been used.
The axisymmetric Navier–Stokes equations have been solved, although a Darcy-like damping term
has been included so as to take into account the effect of the mushy zone. In Figure 16a, the outer
radius of the mushy zone, rm, has been taken to be 60% of the radius of the mould; note that this value
of rm corresponds to the value used for the radius of the melt in [88]. Figure 16a compares solutions
for the azimuthal velocity, vθ , for three different values of the inner radius of the mushy zone, r0— 0,
rm/3, 2rm/3—with the solution when the Darcy term is neglected completely, so that there is no mush.
Here, the curve for the no-mush case corresponds to that computed in [88]. It turns out that the profile
given here has a maximum value that is around six times lower than that in [88], which was around
1.5 m s−1, as well as having its maximum displaced further away from r = rm; it is not surprising
that there is a difference, since the turbulence model used, which adopts the Prandtl mixing length
hypothesis [98], was one of simplest possible, whereas a more sophisticated two-equation k-W model
was used in [88]. Nevertheless, even the value obtained here is not unreasonable in the context of
electromagnetically-stirred melts. As regards the other curves in this plot, it is clear that the presence
of the mushy layer reduces vθ significantly: for example, for r0 = 0, corresponding to mush occupying
the entire region from r = 0 to rm, the maximum value of vθ is around 0.02 m s−1. For Figure 16b,
rm = rb; here, the profile for the no-mush curve resembles much more closely that computed in [88],
with even the maximum value for vθ comparing favourably. There is also a proportionately greater
drop in vθ when going from the no-mush case to when r0 = 2rm/3.

(a) (b)

Figure 15. (a) Schematic of an arrangement of an inductor around a circular steel strand for inducing
rotating fields; and (b) schematic of circular solid, mush and melt regions in the cross-section of
the strand.
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(a) (b)

Figure 16. Azimuthal velocity, vθ , vs. radial distance, r, for r0 = 0, rm/3, 2rm/3 and no mush, with:
(a) rm = 0.06 m; and (b) rm = 0.1 m.

The model in [33] can be extended in a number of ways. First, although the casting velocity
was not included in this analysis, it can be incorporated without affecting the analysis. After that, it
would be of interest to include an equation for the conservation of heat, so that the temperature and
hence the liquid fraction are computed as part of the model, rather than the liquid fraction simply
being prescribed, as was the case in [33]. A nondimensional analysis would make it clear whether
the effect of the magnetic field affects the heat transfer in the problem, through either Joule heating
or convection. Once these models are in place, it should be possible to assess the role of stirring in
macrosegregation and crystal structure formation: with respect to white-band formation in the case of
the former [87,99,100], and columnar-to-equiaxed crystal transition in the case of the latter. A parallel
line of activity would be to adapt these ideas to linear travelling magnetic fields for rectangular slabs,
billets and blooms.

7. Conclusions

This paper has reviewed recent efforts in employing applied mathematical techniques,
predominantly analysis and asymptotic methods, for the modelling of continuous casting processes.
The focus has been on using these techniques in order not only to infer the qualitative behaviour
of models, but also with a view to obtaining reduced-model formulations that require considerably
less computational time than the original models, whilst still retaining their salient physical features.
The work presented was divided into five topics: metallurgical length; air-gap formation and mould
taper; oscillation-mark formation; macrosegregation; and electromagnetic stirring. Whilst work on all
of these is still ongoing, a certain degree of validation has already been achieved:

• For the determination of metallurgical length, the proposed approach already yielded good
agreement with a more computationally intensive approach using CFD and turbulence
modelling [21], for the case of a pure metal, and with a more conventional enthalpy-formulation
approach for alloys [22].

• For solidification shrinkage-induced macrosegregation in a binary alloy, reasonably good
quantitative agreement was achieved for the cross-sectional macrosegregation profile, and even
better agreement is to expected when the model has been developed to include superheat [23].

• For oscillation-mark formation, very good agreement was obtained with experimental results for
fold-type marks [30].

For air-gap formation and mould taper, validation will soon be attempted against the results of
Kelly et al. [47] for the continuous casting of round billets. For electromagnetic stirring, validation
will be possible against the original experimental results of Dubke et al. [84], although this work is
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perhaps more embryonic, in view of an anomaly in the modelling of EMS in continuous casting that
was recently found in [31].

In addition to the possible extensions of the work already carried out in each of these topics, which
are detailed towards the end of Sections 2–6, these topics also form the starting points of investigations
into a variety of as yet under-researched areas in continuous casting. Amongst these are the following:

Exudation For the case of alloys that have a long solidification interval—for example, alloys of
copper or aluminium [41,66,70,101,102]—interdendritic melt seeps out through the air gap that forms
between the solidifying shell and the chilled mould surface; this is known as exudation. Mathematically,
this means that the region zliq ≤ z ≤ zsol at y = 0 in Figure 4 is effectively an outlet for the interdendritic
melt. The situation is an example of macrosegregation that requires the methods developed in
Sections 2 and 5.

Columnar-equiaxed transition In the continuous casting of steel, it is well-established that the
solidified structure consists of equiaxed crystals in the centre of the casting, surrounded by a columnar
crystals, and that EMS is often to used to increase the extent of the equiaxed zone, by means, it is
believed, of dendrite fragmentation. However, models which can predict the columnar-to-equiaxed
transition (CET) and how it can be affected by EMS are non-existent, although there is some work on
CET using the cellular automaton method [103–105].

V-segregation V-segregation is the name given to the eponymously-shaped channels that are
formed in the centre of the equiaxed zone of continuously cast steel slabs, blooms and billets, in which
the macrosegregation level of interstitial elements such as carbon and sulphur, and of substitutional
elements such as molybdenum and chromium, can be quite extensive. Even today, the mechanism
behind the development of V-shaped segregate channels or lines is still not well understood [106].
The appearance of the V-segregates differs between different cast sizes, width of the equiaxed zone
and casting speed. V-segregates can be found in low alloyed steels, as well as in stainless and
high-alloyed steels.

Centreline porosity Continuously cast products develop centreline porosity along the strand
direction, as a result of an extended mushy zone in the centre of the solidifying material. The length of
the mushy zone depends mainly on solidification mode, degree of solidification shrinkage, extent of
the equiaxed zone, cross section dimensions and casting speed. In particular, the centre pore develops
due to a lack of feeding to compensate for the solidification shrinkage. When the pressure in the
centre decreases below the equilibrium pressure for gas phase, porosity will develop, with the pore
growing along the centre line. Although internal porosity is well-studied for ingot and component
casting [107–109], this is far from the case for continuous casting [110].

Mechanical soft reduction A method used to counteract V-segregations, centreline porosity and
centreline segregation is mechanical soft reduction [111–113], whereby the cast steel cross section
is reduced by pinch rollers to compensate for the downward liquid flow in the mushy zone due to
solidification shrinkage.

Lastly, we point out the relevance of the above to the thermo-fluid dynamics topics that are
relevant to as-cast quality, particularly in the continuous casting of steel. Although such topics
are numerous, the work on oscillation-mark formation begins to address surface quality; moreover,
it provides a relatively cheap computational framework for considering the formation and propagation
of surface cracks, as are known to occur, for example, in peritectic steels [114]. Furthermore, although
the work on macrosegregation considered only solidification shrinkage, it already contains the
full array of momentum, heat and solute conservation equations that would be required to model
macrosegregation due to other causes: for example, thermosolutal convection [115], or electromagnetic
stirring, which is known to produce so-called white bands in the casting of steel [87,99,100,116,117],
but which has never been properly modelled. Moreover, the work on solidification shrinkage-induced
macrosegregation may help to inform on centreline porosity. Although the analysis in [23] did not
dwell on the second term in the regular perturbation series for pressure, this quantity becomes negative
and unbounded as full solidification is reached at the centreline, if the lever rule is used to describe
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segregation at the microscale; this would indicate that the pressure as a whole tends to zero, meaning
the appearance of a pore. In addition, it is apparent that the pressure does not behave in this way
for other microsegregation rules. It would be impossible to deduce this qualitative behaviour from
numerical simulations alone, which further highlights the benefit of thinking asymptotically.
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Appendix A. Notes on Practical Asymptotics

As indicated in Section 1, this article has been underpinned by the use of practical asymptotics;
however, there has not been space to show details of how it works, and this issue is now addressed here.

To begin with, one would need to demonstrate the following four steps in action in the topics
considered in Sections 2–6:

(a) Nondimensionalization of the original governing equations;
(b) Analysis of the nondimensionalized governing equations, and identification of the key

dimensionless parameters and asymptotic reduction;
(c) Evidence that the computation of the reduced model is cheaper than the computation of the

original model would have been (if the reduced model does not have an analytical solution); and
(d) Evidence of agreement between the results of the original model and the asymptotically

reduced model.

Moreover, point (c) presupposes that one has indeed solved the problem in both the
computationally intensive way and the cheap way; however, in practice, the visibility of
“computational cheapness” comes from the observation that it ought to be cheaper to compute the
numerical solutions for:

1. Fewer partial differential equations (PDEs) rather than more;
2. One-dimensional models rather than two-dimensional models, and two-dimensional models

rather than three-dimensional models;
3. Ordinary differential equations (ODEs) rather than PDEs; and
4. Problems having fewer model parameters rather than more, with regard to the need for parameter

studies to obtain a complete understanding of model behaviour.

Even so, there are examples in other areas of science and technology where a given problem has
been solved both ways and the computational cost, in terms of CPU (central processing unit) time
and RAM (random access memory), has been compared [118–123], although this was not done for the
problems considered here.

In this context, we return to the problem of determining the metallurgical length in Section 2.1:

• The original model was two-dimensional steady-state, consisted of six PDEs and contained
32 model parameters [34,35].

• After nondimensionalization and asymptotic reduction, the model was one-dimensional and
transient-like, consisted of two PDEs (or effectively different representations of the same PDE)
and contained six model parameters [21].

• A direct comparison of CPU time and RAM was not carried out, but we note that one computation
in [35] required 30 h of CPU time on a Cray J932 Supercomputer—with current computational
architectures, this would no doubt take much less, but still would not be as short as the few
seconds required for the formulation in [21].

• The agreement between the model results was very good, as shown in Figure 3.

Thus, this example demonstrates quite concretely how the asymptotic approach has been
successfully applied.
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