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Preface to ”HVDC for Grid Services in Electric Power

Systems”

Modern power systems are huge non-linear systems interconnected with many power

generation and transmission systems. The large-scale deployment of variable renewable energy

resources (RESs) has caused significant concerns about grid stability and power quality, and finding

ways to control these large-scale systems is essential for stable operation. The control capabilities

of HVDC and FACTS equipment can improve the dynamic behavior and flexibility of the grid, and

various studies are underway in both system- and component-level modeling, control, and reliability.

Unlike AC systems where the power flow of each branch is determined, the use of HVDC that can

control power flow can be a solution to increase flexibility. However, if the set-points for control

are selected incorrectly, it can have a negative impact on the power system. Therefore, in order

to provide various services to the power system, it is important to operate an HVDC well at the

appropriate location.

This Special Issue is intended to present a new HVDC topology or operation strategy to prevent

abnormal grid operating conditions. The papers published in this Special Issue fall into several

representative themes.

1. Improved HVDC operation and control strategies for system stability

-Analysis of Six Active Power Control Strategies of Interconnected Grids with VSC-HVDC

-A Virtual Impedance Control Strategy for Improving the Stability and Dynamic Performance of

VSC–HVDC Operation in Bidirectional Power Flow Mode

-Novel Transient Power Control Schemes for BTB VSCs to Improve Angle Stability

-Development of a Loss-Minimization-Based Operation Strategy for Embedded BTB VSC HVDC

2. HVDC protection strategies in contingency cases

-A Novel Overcurrent Suppression Strategy during Reclosing Process of MMC-HVDC

-Assessment of Appropriate MMC Topology Considering DC Fault Handling Performance of

Fault Protection Devices

-A Study on Stability Control of Grid Connected DC Distribution System Based on Second Order

Generalized Integrator-Frequency Locked Loop (SOGI-FLL)

3. HVDC planning and implementation strategies, and field test experience

-A Frequency–Power Droop Coefficient Determination Method of Mixed Line-Commutated and

Voltage-Sourced Converter Multi-Infeed, High-Voltage, Direct Current Systems: An Actual Case

Study in Korea

-Application of a DC Distribution System in Korea: A Case Study of the LVDC Project

-A Quantitative Index to Evaluate the Commutation Failure Probability of LCC-HVDC with a

Synchronous Condenser

We hope that these papers will help to achieve good results by applying HVDCs in

power systems.

Gilsoo Jang

Special Issue Editor
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1. Introduction

The modern electric power system has evolved into a huge nonlinear complex system, due to the
interconnection of a lot of generation and transmission systems. The unparalleled growth of renewable
energy resources (RES) has caused significant concern regarding grid stability and power quality, and
it is essential to find ways to control such a massive system for effective operation. The controllability
of HVDC and FACTs devices allows for improvement in the dynamic behavior and flexibility of grids.
Research is being carried out at both the system and component levels of modelling, control, and
stability. This Special Issue aims to present novel topologies or operation strategies to prevent abnormal
grid conditions. The papers published in this special issue are categorized into several representative
themes and briefly summarized the main contents of each paper.

2. Improved HVDC Operation and Control Strategy for System Stability

Analysis of Six Active Power Control Strategies of Interconnected Grids with VSC-HVDC [1]

In this paper, the generator angle stability of several active power control schemes of VSC-based
HVDC is evaluated for interconnected two AC systems. Furthermore, in order to effectively evaluate
angle stability, the Generators-VSC Interaction Factor index is newly implemented to distinguish the
participating generators group which reacts to the converter power change.

A Virtual Impedance Control Strategy for Improving the Stability and Dynamic Performance of

VSC–HVDC Operation in Bidirectional Power Flow Mode [2]

This paper adds the control loop to improve the performance and eliminate the steady-state error
in the existing virtual impedance control of VSC HVDC. This paper eliminates the steady state with an
additional control loop and verifies it by experiment and modeling.

Novel Transient Power Control Schemes for BTB VSCs to Improve Angle Stability [3]

This paper proposes two novel power control strategies to improve the angle stability of generators
using a Back-to-Back (BTB) system-based voltage source converter. The power control strategy can
emulate the behavior of the ac transmission to improve the angle stability while supporting the ac
voltage at the primary level of the control structure.

Development of A Loss Minimization Based Operation Strategy for Embedded BTB VSC HVDC [4]

Using the power transfer distribution factor (PTDF), the HVDC-sensitive AC lines are classified
as a monitoring line in advance, and a strategy for determining operating point for normal/emergency
conditions is proposed.

Appl. Sci. 2019, 9, 4292; doi:10.3390/app9204292 www.mdpi.com/journal/applsci1
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3. HVDC Protection Strategy in Contingency Cases

A Novel Overcurrent Suppression Strategy during Reclosing Process of MMC-HVDC [5]

This paper discusses a strategy to control the overcurrent that can occur in the post-fault process
of mesh current method (MMC)-HVDC. A MCM is proposed for accurate overcurrent calculation
of a loop MMC-HVDC grid, and a reclosing current limiting resistance (RCLR) is calculated using
the result.

Assessment of Appropriate MMC Topology Considering DC Fault Handling Performance of Fault

Protection Devices [6]

This paper compared DC fault handling performance in variable fault location on a DC line.
The simulation result confirmed that Half Bridge-MMC with a hybrid circuit breaker (HCB) is superior
than FB-MMC with a residual circuit breaker (RCB) due to low fault current, low interruption time,
low overvoltage magnitude and faster recovery.

A Study on Stability Control of Grid Connected DC Distribution System Based on Second Order

Generalized Integrator-Frequency Locked Loop (SOGI-FLL) [7]

This paper proposes advanced control method using Second Order Generalized
Integrator-Frequency Locked Loop (SOGI-FLL) that can be applied to a 3-phase AC/DC PWM
converter for DC distribution. The proposed control scheme improves transient characteristics of DC
distribution systems.

4. HVDC Planning & Implementation Strategy, and Field Test Experience

A Frequency–Power Droop Coefficient Determination Method of Mixed Line-Commutated

and Voltage-Sourced Converter Multi-Infeed, High-Voltage, Direct Current Systems: An Actual

Case Study in Korea [8]

In this paper, a new frequency-power droop coefficient determination method for a mixed
line-commutated converter (LCC) and voltage-sourced converter (VSC)-based multi-infeed HVDC
(MIDC) system is proposed. An interior-point method is used as an optimization algorithm to
implement the proposed scheduling method, and the droop coefficients of the HVDCs are determined
graphically using a Monte Carlo sampling method.

Application of a DC Distribution System in Korea: A Case Study of the LVDC Project [9]

This paper demonstrates DC distribution with real field test results. The authors also propose the
operating procedures for an insulation monitoring device (IMD) and its algorithm. The real field test
result in Gwangju was analyzed and the authors checked real IMD operation procedures.

A Quantitative Index to Evaluate the Commutation Failure Probability of LCC-HVDC with a

Synchronous Condenser [10]

An index is proposed to allow quantitative evaluation of the positive effects on the commutation
failure probability of LCC HVDC before and after the synchronous condenser is installed. This paper
provides a rationale for the capacity allocation of synchronous condensers in LCC HVDC Projects.
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Abstract: In this paper, the generator angle stability of several active power control schemes of a
voltage-source converter (VSC)-based high-voltage DC (HVDC) is evaluated for two interconnected
AC systems. Excluding frequency control, there has been no detailed analysis of interconnected grids
depending upon the converter power control, so six different types of active power control of the
VSC-HVDC are defined and analyzed in this paper. For each TSO (transmission system operator),
the applicable schemes of two kinds of step control and four kinds of ramp-rate control with a droop
characteristic are included in this research. Furthermore, in order to effectively evaluate the angle
stability, the Generators-VSC Interaction Factor (GVIF) index is newly implemented to distinguish
the participating generators (PGs) group which reacts to the converter power change. As a result,
the transient stabilities of the two power systems are evaluated and the suitable active power control
strategies are determined for two TSOs. Simulation studies are performed using the PSS®E program
to analyze the power system transient stability and various active power control schemes of the
VSC-HVDC. The results provide useful information indicating that the ramp-rate control shows a
more stable characteristic than the step-control for interconnected grids; thus, a converter having a
certain ramp-rate slope similar to that of the other generator shows more stable results in several cases.

Keywords: grid-interconnection; active power control strategies; transient stability; GVIF index;
angle spread; VSC-HVDC

1. Introduction

Presently, renewable energy resources are considered a best practice in the response to global
warming, and these power resources are concentrated in remote areas in order to effectively generate
power. However, several instability issues arising from uneven large power generation requires
TSOs (transmission system operators) to complement the grid structure [1]. Moreover, based on
References [2–4], grid interconnection is emerging as an effective alternative for solving stability
problems. For example, Nordic power systems in which several grids are interconnected by AC or DC
links have increasingly accepted renewable energy resources, and have updated their hourly power
exchange clauses [5]. This additional effort has led to the mitigation of several instability issues caused
by uneven power generation, and many research works have also reported that renewable energy
resources have become more accepted in many other countries [6].

In order to interconnect two different power systems, there are two options for TSOs: AC or DC
lines. Nowadays, grid interconnection using an AC transmission line has a problem that increases
the system complexity from the operation point of view, and may adversely decrease the system
reliability. In fact, large blackouts have clearly confirmed that the close coupling of the neighboring
systems might also include the risk of uncontrolled cascading effects in large and heavily loaded

Appl. Sci. 2019, 9, 183; doi:10.3390/app9010183 www.mdpi.com/journal/applsci4
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systems [7]. Furthermore, the AC system is vulnerable to sub-sea transmission connections and long
interconnection; thus, the DC system, which has the advantage of high controllability, has been widely
deployed for grid interconnection projects [8]. Considering the grid strength as the SCR (short circuit
ratio) at each point, it is well known that the LCC (line commutated converter)-based high-voltage DC
(HVDC) is restricted in that the converter cannot work properly if the connected AC system is weak [9].
Conservatively, in the case of AC systems with an SCR lower than 1.5, synchronous condensers have
to be installed so as to increase the SCR of the AC system. In addition, the reactive power should be
compensated depending upon the power sent, which reduces the simplicity of controllability in LCCs.
The voltage-source converter (VSC)-HVDC has similar stability issues; however, it offers significant
advantages such as high controllability, reliability, and small size. Benefiting from the significant
technical advances in insulated gate bipolar transistors (IGBT), the VSC has become a competitive
alternative to the LCC, so the VSC-HVDC is more commonly deployed nowadays. In the VSC system,
two main stability issues have generally been presented in detail to date:

(1) Operation region of the VSC-HVDC

The reactive power of the VSC-HVDC can be limited according to the AC grid voltage and the
equivalent impedance. In addition, the DC voltage control and PLL (Phase-Locked Loop) can restrict
the power angle to approximately 51◦ for a stable operation without the support of the dynamic
reactive power [10]. In order to obtain an improved power transfer capability from the VSC-HVDC,
the X/R ratio (the ratio of the system reactance to the system resistance) and the impedance angle
must be considered. Therefore, the SCR index representing the grid strength is an important factor
from the perspective of the capability region.

(2) Dynamic performance of the VSC-HVDC

In previous studies on the relationship between the PLL and the VSC-HVDC, many authors have
mentioned that a converter with large PLL gains that is connected to a weak AC grid (2 < SCR) is
prone to instabilities when subjected to a disturbance [11]. This is because the PLL that is used for the
angle-reference generation can easily generate an unstable eigenvalue with high proportional gains.
The AC voltage phase is highly sensitive to the d and q current injections of the converter in a weak
grid. Detailed results have been described in a few references [12,13].

However, the stability issues mentioned above can be resolved by the robust compensator
design mentioned by many authors [12–15]. The robust PI (Proportional and Integral) parameters,
feedforward controllers, and adjusted PLL parameters enable the stable operation of VSC-HVDC,
and the damping condition which occurs at a certain frequency range can be mitigated. Therefore,
in this work, the VSC-HVDC system is deployed without considering the small signal stability issues,
and the main contribution of this paper is to analyze the impact of six active power control strategies
on the generator angle stability of two interconnected grids.

Excluding the contingency event, the fixed power control for two grids is commonly used to
lessen the operation burdens of TSOs. However, during a contingency event, the power should be
adjusted to provide grid services such as frequency support or transient stability support. According
to the previous works related to VSC control for grid service, Reference [16] demonstrated the AC
transmission emulation control strategy, which acts like an AC line when a contingency event occurs.
It is able to mitigate the possible overloading of adjacent AC transmission, and maintain power
balance between metropolitan regions. However, the transferred power is not exactly estimated
since the output power is varied depending upon contingency event types; thus, it is not suitable
for interconnected grids since there is a clear exchange clause in their agreement. In Reference [17],
the flexible operation of the generator tripping scheme was achieved without a large decelerating
energy as the generators trip, and it was confirmed that a simple converter control strategy that
transfers the maximum power reserve instantly to the fault area surely contributes to the stability of the
AC network. However, this paper only addressed one kind of step control. In References [18,19], the DC
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voltage droop, local frequency control, and weighted-average frequency control are compared in detail;
however, this analysis was performed in an embedded MTDC (multi-terminal DC) environment.
In References [20,21], the kinds of frequency–power modulation control strategies for the converter to
enhance the system transient stability are introduced. As can be observed, there has been no detailed
analysis of interconnected grids depending upon the several converter power control schemes in a
point-to-point environment. Therefore, in this paper, two step control and four ramp-rate control
scenarios are specifically defined, and then simulated to provide useful feasibility studies results for
grid operators.

A dynamic control model of the VSC-HVDC is developed written by Fortran language in the
PSS®E program (Power Transmission System Planning Software), and the ideal averaged equivalent
VSC model is used. The MMC (modular multilevel converter) is not used since the AC system stability
is the major observation target. To perform this analysis, the GVIF index, meaning the Generators-VSC
Interaction Factor, is newly defined in Section 2. In Section 3, the introduction of the VSC-HVDC
model serves to illustrate the configuration of the active power controller. In addition, six active power
control strategies are defined in Section 4. Lastly, a simulation of the transient stability regarding the
control schemes is performed.

2. Identify PGs (Participating Generators) with the GVIF Index

As shown in Figure 1, areas 1 and 2 are interconnected by a VSC-HVDC link. The initial DC
power direction is from area 1 to area 2, so the converter is used to provide auxiliary service for area
2. This grid structure may be in the form of an interconnection link between countries or between
regions [18]. If multiple generators are connected in parallel to each area, it is difficult to detect which
generator contributes to incremental power according to the converter power change. The TSOs must
determine which generators respond to the converter control, and this process is needed to distinguish
the participating generators (PGs) group.

Figure 1. Two interconnected grids with a voltage-source converter (VSC)-based high-voltage
DC (HVDC).

A traditional synchronous generator consists of a governor and a prime mover to support
frequency regulation. The simplified first-order differential equation of the dynamic generator model
is shown in Equations (1) and (2), where Pv is the valve position of the governor; Pre f is the power
reference of governor; R is the droop value; Pm is the prime mover output power; and TG and TP are
the time constants of the governor and prime mover, respectively [22].

dΔPv

dt
= −ΔPv

TG
+

ΔPre f

TG
− 1

TGR
Δ f . (1)

dΔPm

dt
= −ΔPm

TP
+

ΔPv

TP
. (2)
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Based on Equations (1) and (2), the generators react to grid frequency change as Δ f . If all
generators have the same frequency droop value, an individual generator increases in the same MW
power in a liner decrease in speed corresponding to the percent droop selected and no-load frequency.
However, in the real grid operation, the frequency measurement result as Δ f is slightly different at
each region at the same time; thus, the ΔPv and ΔPm were made unlike the expected values. During the
dynamic state, the generator output power is mainly determined by the droop value as R, but it is also
related to the distance to the point at which the frequency change occurs. As a result, the approximate
incremental output of each generator with the droop slope can be estimated, but it is difficult to derive
the exact incremental power from each generator. In order to consider both the governor droop value
and the electrical distance between the generators and the converter, the new grouping index, referred
to as the Generators-VSC Interaction Factor (GVIF) to select the PGs is implemented as follows.

GVIFi,j =
ΔPi
ΔPj

. (3)

where bus i is the generator bus connected in area 1. Bus j is the VSC-HVDC bus, and as we know,
the multi-infeed HVDC system has several bus positions as j ≥ 2. The GVIF is the dynamic active
power change of bus j over the active power change of bus i. When the active power change
ΔPj is 1%, the active power change ratio of bus i is the GVIF. If the generators have the same
frequency–power droop value, the electrical distance is the main factor impacting the GVIF since the
frequency measurement results are slightly different at each region. Thus, using the GVIF, the frequency
measurement result errors could be corrected on each generator output. In the steady-state condition,
since the frequency change point is always the converter bus as bus j, the generators with a high GVIF
index could be considered to be closer to the converter or to have a high droop value. The generator
which has a zero value of GVIF does not participate in the incremental power generation. In this paper,
we define the generators with GVIF > 0 as PGs, and the angle stabilities of all PGs are evaluated by the
general transient stability index as angle spread in Section 5.

3. Active Power Controller Design of VSC-HVDC

The schematic diagram of the VSC-HVDC is illustrated in Figure 2. The widely used vector
controller is applied in the VSC. Let the converter side impedance be simply modeled as a
series-connected three phase inductor and resistor, and the AC grid in the abc frame is:[

vd
1

vq
1

]
−

[
vd

2
vq

2

]
= R

[
id
iq

]
+ L

d
dt

[
id
iq

]
−

[
−ωLiq
ωLid

]
, (4)

where the v2 is the voltage at PCC and v1 is the voltage at the converter. In addition, R and L are the
resistance and inductance, respectively, and i is the current flowing to the AC grid. Filter components
prevent the generation of harmonic current by the converter, and they also affect the stability between
the AC grid and the VSC.

The reference voltage generated by the inner current control loop is transformed back into the
abc frame and used for Pulse With Modulation (PWM) to produce the desired converter three-phase
voltage. The voltage reference sent to the PWM is represented by:[

Δvd
2

Δvq
2

]
= −

[
Ad(s)
Aq(s)

][
Δid,re f − Δid
Δiq,re f − Δiq

]
+ ωL

[
−Δiq
Δid

]
+

[
vd

1
vq

1

]
, (5)

where Ad(s) and Aq(s) =
kps+ki

s .
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Figure 2. VSC control block diagram. PWM: Pulse With Modulation; PLL Phase-Locked Loop.

The PWM switching delay is then approximated by a first-order Padé approximation as follows:

GPWM(s) =
1 − 1.5Tds

2

1 + 1.5Tds
2

, (6)

where Td is the switching delay in the PWM. Then, combining (5) and (6), the equation can be
rearranged by the input terms as vdq

2 and idq,re f , with idq as the output. The transfer functions of the
inner controller are expressed by:

id = A·vd
2 + B·id,re f , (7)

iq = A·vq
2 + B·iq,re f , (8)

where A = 1−GPWM(s)
(R+Ls)+GPWM(s)·Ad(s)

, B = GPWM(s)·A(s)
(R+Ls)+GPWM(s)·Aq(s)

.
The q-axis current of the d-q frame is aligned with the AC system phasor based on the PLL, i.e.,

iq = 0. Thus, the converter admittance is derived as iabc/v2, which is obtained as follows:

YVSC(s) =
1 − GPWM(s)

(R + Ls) + GPWM(s)·Ad(s)
. (9)

Depending on (9), the d-axis current flowing to the AC grid to control active power is represented
in Figure 3. Following the block diagram, the stability between the AC grid and converter can be
analyzed based on the initial operating point of the VSC. However, the detailed small signal analysis
is not of interest in this paper, and the useful results were given with an impedance-based stability
analysis theorem by References [23,24].
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Figure 3. D-axis current control structure of the VSC; PI: Proportional and Integral.

Following the d-axis current response of the converter, the active power of the PGs is
simultaneously activated with their own GVIF index. The incremental power of the PGs of area
1 is transferred to area 2, and its characteristic is adjusted by several active power control strategies,
as illustrated in the following section.

4. Analysis of Active Power Control Strategies

Excluding the frequency control, two major active power control strategies can be applied for
the VSC-HVDC. The first one is the step control, which releases active power step-by-step at certain
times, as shown in Figure 4a. The second one is the ramp-rate control, which transfers active power
with a specific slope, as illustrated in Figure 4b. In this section, each control strategy is introduced and
then defined.

(a) (b) 

Figure 4. Two major active power control schemes: (a) step control (b) ramp-rate control with different
ramp-rate slopes (RRSs).

4.1. Introduction of Step Control and Ramp-Rate Control Strategies

As is generally known, the step control sustains its initial power in normal stable operation,
then increases power at certain times, when area 2 has a frequency drop or emergency event.
By contrast, the ramp-rate control has a preset ramp-rate slope (RRS), as shown in Figure 5. The power
changes from one stable state to another stable state with a ramping event, and considering a
discrete time representation, the ramp-rate of Pvsc at the kth instant can be determined using the
following expression:

RRS =
dPvsc

dt
(k) =

[Pvsc(k)− Pvsc(k − 1)]
t(k)− t(k − 1)

. (10)
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Figure 5. Different RRSs of ramp-rate control; DB: difference between.

The RRS can vary depending upon |ΔPvsc(k)|, which is the absolute value of the deviation between
Pvsc(k − 1) and the active power reference as Pre f

vsc . If the |ΔPvsc(k)| is large, a high RRS is applied so as
to ensure a fast response. On the other hand, if the power order as Pre f

vsc is small, a low RRS is applied
to follow the final Pre f

vsc value. Such a droop characteristic is given in Equation (11) with Figure 5.

RRS(k) =

⎧⎪⎪⎪⎨
⎪⎪⎪⎩

RRSmin, i f |ΔPvsc(k)| < ΔPmin

RRSmin +
DBRRS
DBΔP

× [|ΔPvsc(k)| − ΔPmin],
i f ΔPmin ≤ |ΔPvsc(k)| ≤ ΔPmax

RRSmax, i f |ΔPvsc(k)| > ΔPmax

. (11)

The RRS(k) is a droop-based desired ramp-rate; RRSmax and RRSmin are the max and min
ramp-rate slopes of ΔPvsc, respectively; DBRRS is the difference between and RRSmax and RRSmin;
ΔPmin and ΔPmax are the lower and upper bands of dynamic change of active power variation;
and DBΔP is the difference between and ΔPmin and ΔPmax. As mentioned previously, if the converter
receives a high Pre f

vsc order by the TSO, the active power sharply increases with a ramp rate of RRSmax,
and a large active power is transferred from area 1 to area 2. Based on References [16,17], it was
confirmed that converter power control is helpful when the power system has a contingency event;
therefore, this control strategy largely contributes to the frequency stability of area 2. However, we can
also expect that the angle stability of area 1 could be further worsened. On the other hand, if the
converter reaches RRSmin when the |ΔPvsc(k)| is smaller than ΔPmin, a small amount of active power
is delivered to area 2, and the angle stability of the PGs in area 1 will be more improved than that in
the RRSmax case.

4.2. More Detailed Description of Step Control and Ramp-Rate Control Strategies

There is an N-1 contingency event in area 2 with the given scenario, which is represented in
Figure 6. Each country, if it has a different Special Protection System (SPS), as the generator tripping
schemes are generally called, commonly commands the specific generators to be tripped so as to
balance the network power. Basically, the nine cycles as time delay should be taken with the generator
tripping scheme, since a mechanical switch is included. As the electronic power equipment only
requires communication delay, the activating time is naturally fast [17]. In this paper, three cycles
of communication delay are adopted for t1 time, and the minimum frequency occurred at t2 time,
as shown in Figures 6 and 7. Accordingly, various active power control strategies can be applicable to
the VSC-HVDC to supply more power to area 2. Given the frequency fluctuation of area 2, six active
power control strategies in total are introduced hereafter.
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Figure 6. Contingency scenario in area 2.

Figure 7. Frequency drop during a contingency event in area 2.

Figure 8a,b both show step control, with the only difference being a power release time. In (a),
the power increased at t1, which is the minimum time to receive an SPS signal as 1.05 s. In (b),
the converter changes its power at t2. Benefiting from the fast response of power electronics, (a) and
(b) show advantages of being able to control the power step-by-step, unlike the common generator
characteristics. Except for (a) and (b), all other control strategies are ramp-rate control strategies with
different RRSs and sending times. Figure 8c,d have different RSSs between t1 and t2, which are derived
from two different power references. More specifically, the power command in (c) is twice the value of
(d); thus, the RRS of (d) is selected to be half. This is to observe the results according to both initial
power support speed and amount. Figure 8e,f discuss how the angle stability of each area changed
during the recovery stage of area 2. Thus, the two control strategies have the same power reference
value, but different RSSs between t2 and t3. For this, the t3 is selected for the control variable to adjust
the RSS. In the simulation study, the t3 of (e) is twice the value of (f), so that (e) has an RRS twice that of
(f). According to the control characteristic, the six control schemes are defined in Table 1, and specific
simulation results are introduced hereafter.

Table 1. Six different active power control strategies.

Denomination Control Type RRS Control Time

(a) Step - t1
(b) Step - t2
(c) Ramp-rate RRSmax t1 to t2
(d) Ramp-rate RRSmin t1 to t2
(e) Ramp-rate RRSmax t2 to t3
(f) Ramp-rate RRSmin t2 to t3

11
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(a) (b) (c) 

(d) (e) (f) 

Figure 8. Six active power control schemes: (a) step control at t1; (b) step control at t2; (c) ramp-rate
control with high RRS between t1 and t2; (d) ramp-rate control with low RRS between t1 and t2;
(e) ramp-rate control with high RRS between t2 and t3; (f) ramp-rate control with low RRS between t2

and t3.

5. Transient Stability Simulation Results with Six Different Active Power Control Schemes

The interconnected grid configuration for simulation studies is represented in Figure 9, and the
three-phase fault event at 345 kV AC transmission occurs in area 2. The detailed system parameters
are defined in Table 2. The averaged equivalent circuit of the two-level VSC is used for this feasibility
study, and it was supplemented by one on-state switch resistance in each phase, and an equivalent
current source at the DC side. Note that the VSC model should be injected by current sources in the
PSS®E program, and the outer and inner current controller parameters are adjusted to achieve the
desired system response. Accordingly, the six different power output characteristics of the VSC-HVDC
are simulated, as shown in Figure 10. There are two power control start times of t1 and t2. (a), (c),
and (d) supply power at t1, and (b), (e), and (f) control power at t2. The RRS and power reference
values are all different according to each control characteristic.

Figure 9. System configuration for simulation studies.
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Table 2. System parameters.

Grid Parameters Value Converter Parameters Value

Grid frequency 60 Hz VSC HVDC
Rated capacity 1200 MVA

Total load 94,463 MW VSC HVDC
DC link voltage 250 kV

Total generation 95,802 MW DC capacitance 1500 μF
AC voltage of each side 345 kV kp1, kp3 0.5

Short circuit ratio 25 kp2 0.65
Leakage reactance 0.07 pu kp4 0.8

Transformer
Voltage ratio

345/250
250/345 ki1, ki3, ki4 0.01

Transformer rating 1200 MVA ki2 0.1

Figure 10. Six power control schemes of the VSC-HVDC.

As mentioned in Section 2, in order to select PGs when the converter controls its power, the GVIF
index of the Korean power system is analyzed. The PGs are selected using Equation (3) with
ΔPvsc = 100 MW, and the PGs list is given in Table 3. As a total of 269 generators are connected
in the Korean grid at the peak load condition; however, for the sake of convenience, only 22 generators
with GVIF are illustrated in this paper.

Table 3. Generators-VSC Interaction Factor (GVIF) analysis of participating generators (PGs) in area 1
(ΔPvsc = 100 MW).

Generator
Number

Generator List Initial Power (MW) GVIF
PGs

(O: PG, X: Not PG)

1 Yunghung #G1 800 0.007 O
2 Yunghung #G2 800 0.007 O
3 Yunghung #G3 870 0.01 O
4 Yunghung #G4 870 0.01 O
5 Yunghung #G5 870 0.01 O
6 Yunghung #G6 870 0.01 O
7 Sininchen #G9 167.7 0.004 O
8 Sinin #GT10 167.7 0.004 O
9 Sinin #GT11 168.34 0.003 O
10 Sinin #GT12 168.34 0.003 O
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Table 3. Cont.

Generator
Number

Generator List Initial Power (MW) GVIF
PGs

(O: PG, X: Not PG)

11 Sininchen #S9 181.26 0 X
12 Inchen #GT1 164.065 0.004 O
13 Inchen #GT3 180.69 0.003 O
14 Inchen #GT5 168 0.005 O
15 Inchen #ST1 163.02 0 X
16 Inchen #ST2 178.12 0 X
17 Inchen #ST3 167.1 0 X
18 POS5 #GT1 210.52 0.005 O
19 POS5#GT2 210.52 0.005 O
20 POS6 #GT3 217.17 0.005 O
21 POS6 #GT4 224.4 0.005 O
22 POS6 #ST2 232.65 0 X

23 ...

As can be observed in Table 3, the steam turbine (ST) has a zero value of GVIF, since it has a zero
droop value, so the active power is not adjusted in response to the frequency variation. On the other
hand, the gas turbine has a certain droop value that is more sensitively activated than the steam turbine
during the dynamic converter power control. In order to correct the different frequency measurement
results, the GVIF index is used to select PGs. We conclude that the power transmitted to area 2 comes
from the generators with GVIF values larger than zero. In addition, as shown in Table 3, the most
influential PGs are Yunghung #G3~#G6 with GVIF = 0.01. With the driven PGs list, the angle spread,
which is the difference between the largest and smallest participating machine angles, is analyzed for
interconnected areas.

5.1. Angle Spread Evaluation with PGs

In order to evaluate angle spread, the Overcorrections index, which is generally used for control
response determination, is introduced in this paper. Assume that xinitial is the original steady state
value of variable x, xF is the first encountered peak of x during a transient event, and xT is the second
encountered peak of x during a transient event.

x0 =

∣∣∣∣ xinitial − xF
xinitial

∣∣∣∣+
∣∣∣∣ xinitial − xT

xinitial

∣∣∣∣ (12)

x is defined in this paper as the angle spread. Thus, the larger x0 is, the worse the angle stability
of the PGs, and if x0 is large enough, there is a possibility of loss of synchronisms. The locus of x0 as
well as the brief conclusions are well illustrated with each scheme hereafter.

5.1.1. Step Control

The results in Figure 11 show the angle spread of two interconnected grids with the control
scheme as (a) and (b). Both control schemes are step control strategies, and we aimed to determine
whether the active power should be transmitted at t1 or t2. In area 1, the only difference between
the two schemes is the power release time, so we may see only the result of area 2. From the angle
spread results of area 2, it can be seen that sending power at t2 can further improve the angle stability.
More specifically, the first damping of angle spread as xF after the contingency event is mitigated
at about 1.45 s, and the recovery characteristic is more improved from 2.1 s to 3 s. This is because
the power from area 1 contributes to the frequency recovery characteristic of area 2. However, in (a),
the power is transmitted immediately after the fault, so it contributes less to the angle stability of area
2. The reason for this is that the initial frequency drop driven by fault is momentarily increased due to
the immediate active power support. Therefore, the PGs of area 2 generate a relatively small amount
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of power according to the small frequency drop. However, this process finally makes a slow frequency
recovery, and the angle stability of the PGs becomes worse than that in (b). Therefore, we can conclude
that sending power during the frequency recovery stage is more beneficial to both TSOs.

Figure 11. Angle spread results of each area according to (a) and (b) in Table 1.

5.1.2. Ramp-Rate Control

Figure 12 shows the results regarding (c) and (d). Both control schemes are ramp-rate control
strategies, and both the RRS between t1 and t2 and the active power reference are different. In (c),
1000 MW power is transferred to area 2 with a high RRS, so the angle stability of the sending side is
further worsened compared to that in (d), which sends 750 MW. In area 1, (c) experiences a sudden
large power change at t1, and shows a more unstable result. Concerning the receiving side in area
2, the angle deviation x0 is explicitly different between the two methods. The results show that the
generators of area 2 could not cover the severe frequency drop, and there is a possibility of loss of
synchronisms at time = 1.45 s. Therefore, applying method (c) is more stable in terms of the angle
stability of area 2. However, a tradeoff was observed as method (d) is more suitable for area 1,
where the SCR is low.

Figure 12. Angle spread results of each area according to (c) and (d) in Table 1.
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Figure 13 shows the results regarding (e) and (f). Both control schemes are ramp-rate control
strategies, and the only difference is the RRS between t2 and t3. The power change references are
all the same as 1000 MW; thus, the |ΔPvsc(k)| is also the same. By adjusting time t3, the two control
methods were set to have a twofold slope difference. Scheme (f), which has a low RRS, shows slightly
greater angle stability results in area 1. From the result of area 2, scheme (e) shows a greater angle
stability result that the first encountered peak time and its recovery characteristic is faster than that in
(f). Thus, it is concluded that active power control with a certain RRS is more suitable for both areas.
However, using an overly low RRS will limit the stability improvement of area 2.

Figure 13. Angle spread results of each area according to (e) and (f) in Table 1.

Figure 14 shows the results regarding (c) and (e). Both control schemes are ramp-rate control
strategies with the same RRS, and the only difference is the power sending time. In (c), the power is
transmitted immediately following the contingency event (=t1) while the power is increased during
the frequency recovery stage (=t2) in (e). As shown in the result of area 2, if the grid operator uses both
ramp-rate control schemes, sending power during the frequency recovery stage shows more stable
results in terms of the angle stability. This is because, as mentioned earlier in Section 5.1.1, the initial
frequency drop will not be immediately reduced by (c). This characteristic causes the PGs of area 2 to
generate less power. Therefore, at about 1.3 s the first damping angle xF is more mitigated with (e);
thus, sending power at t2 is more suitable for both TSOs.

Figure 14. Angle spread results of each area according to (c) and (e) in Table 1.
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5.1.3. Step Control vs. Ramp-Rate Control

The results in Figures 15 and 16 are about (a) and (e), and (b) and (e), respectively. The main
purpose of this simulation is to compare the step control and ramp-rate control strategies; thus,
this comparison is the main result of this paper. The results explicitly show that the angle stability with
the step control is more unstable in both areas. Using scheme (e) has more smaller value of x0 than
(a) as shown in Table 4. As a result, the VSC-HVDC connecting two different grids should have its
own RRS considering both the sending and receiving side generator stability. Thus, it is recommended
that the two TSOs should include the ramp-rate control clauses in the HVDC design phase when the
interconnected mutual agreement is introduced.

Figure 15. Angle spread results of each area according to (b) and (e).

Figure 16. Angle spread results of each area according to (a) and (e).
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Table 4. Overcorrection results of (a) and (e) in area 2.

Target System
Control
Strategy

xinitial xF xT x0

area 2
(a)

93.04
102.42 88.6 0.147

(e) 96.21 90.82 0.05

5.2. Detailed Comparison of Six Power Control Strategies

The suitable control strategy was recommended for each TSO as shown in Table 5. It is confirmed
that sending the active power at time t2 is more effective than that at t1. This is because the reserve
power is helpful during the frequency recovery stage. Furthermore, the ramp-rate control is more
suitable than the step control to both areas since the sudden large power change causes the large
angle variation of PGs. In addition, the mismatch of active power could further worsen the angle
stability, so if the required active power is not estimated, the converter should have its own RRS which
is not too far from the generators’ output characteristic. Furthermore, if the N-1 or N-2 contingency
event occurs at the sending side while the power is transmitted to the receiving side, the ramp-rate
control will show a more stable result at the sending side grid. At last, the TSOs should consider the
SCR of two grids based on the driven results, and select the appropriate scheme as shown in Table 5.
This information will be useful for two TSOs planning grid interconnection projects.

Table 5. Suitable control scheme for each TSO (O: Most suitable/Δ: Suitable/X: Not suitable). SCR:
short circuit ratio.

Target System (a) (b) (c) (d) (e) (f)

Receiving side with high SCR Δ Δ O O O O
Receiving side with Low SCR X X O Δ O Δ

Sending side with high SCR Δ Δ O O O O
Sending side with Low SCR X X Δ O O O

6. Conclusions

To date, the frequency control for interconnected grids has been analyzed in several works.
However, using frequency control increases the operation burden of one side. Thus, the impact
of various types of active power control scheme should be simulated and analyzed. Furthermore,
if there is a power increase clause between interconnected grids, this issue will be more critical for grid
operators. In this paper, when the receiving side has an emergency event, six applicable active power
control strategies are defined and simulated.

Before the simulation, our researchers expected that the step control, which is a powerful strength
of power electronics, could further improve the angle stability of PGs due to its fast response. Contrary
to expectations, the results show that the VSC-HVDC with certain RRSs similar to the other generator
output characteristics provides more stable results in several cases. Our findings also confirm that
sending power during the frequency recovery stage is more effective for the receiving side, whereas
sending power right after the fault degrades the generator output characteristic since the low initial
frequency error is measured at the generator side. To prevent this problem, one solution can be
applied. If the droop slope of the generator is adjusted when the converter starts the power control,
the small initial frequency error caused by the converter support can be corrected at each governor.
This increases the generators output, and thus the frequency can reach the nominal value.

Furthermore, grid operators have to alter their control strategy based on the SCR of each grid base,
as shown in Table 5. These results provide useful information to grid operators, and the advantages
and disadvantages of each control scheme are well shown.
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Nomenclature

θ Angle difference between
.
E1 and

.
E2.

E1 Internal generators voltage
.
E2 Infinite bus voltage
w Rotor speed
H Shaft inertia
Pi Mechanical power
Pn Electrical power
v1 voltage at voltage source converter
v2 voltage at PCC
R Resistance between AC grid and converter
L Inductance between AC grid and converter
i Ac current from converter to AC grid
kp, ki PI controller in current controller of VSC
Td Switching delay in PWM
RRS Ramp-rate slope of VSC
|ΔPvsc(k)| Absolute value of the deviation between Pvsc(k − 1) and active power reference as Pre f

vsc

x0 Overcorrections for the evaluation of angle spread
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Abstract: It is a common practice that one converter controls DC voltage and the other controls power
in two-terminal voltage source converter (VSC)–based high voltage DC (HVDC) systems for AC
gird interconnection. The maximum transmission power from a DC-voltage-controlled converter
to a power-controlled converter is less than that of the opposite transmission direction. In order
to increase the transmission power from a DC-voltage-controlled converter to a power-controlled
converter, an improved virtual impedance control strategy is proposed in this paper. Based on the
proposed control strategy, the DC impedance model of the VSC–HVDC system is built, including the
output impedance of two converters and DC cable impedance. The stability of the system with an
improved virtual impedance control is analyzed in Nyquist stability criterion. The proposed control
strategy can improve the transmission capacity of the system by changing the DC output impedance
of the DC voltage-controlled converter. The effectiveness of the proposed control strategy is verified
by simulation. The simulation results show that the proposed control strategy has better dynamic
performance than traditional control strategies.

Keywords: VSC–HVDC; DC-side oscillation; virtual impedance; impedance-based Nyquist
stability criterion

1. Introduction

With the development of power electronic devices, VSC–HVDC systems have been widely applied
to AC grid interconnection because of their independent decoupling control of active and reactive
power [1–3]. Recently, a large number of studies on modeling, control, and stability analysis of
VSC–HVDC system have been published [4–10]. Previous studies have shown that the interaction
between converters or between the converter and the grid influences the stability of a system. DC- side
oscillation is a problem in VSC–HVDC and has been reported in a real project [11]. When DC side
oscillation occurs, a DC system will not work and will impact on the power system. Therefore, the
DC-side stability of VSC–HVDC should be evaluated before connecting it to the main grid.

In VSC–HVDC systems applied to AC grid interconnection, active power often needs
bidirectional transmission [12]. However, studies show that the maximum transmission power
of the DC-voltage-controlled converter to power-controlled converter is less than that in the opposite
power flow direction [13]. An Impedance-based approach can be adopted to analyze the influence of
VSC–HVDC systems with different directions of transmission power on stability [13].

The impedance stability criterion was proposed in [14] and used in grid-connected inverters [15].
It was applied as a stability criterion in a VSC–HVDC system [12,16–19]. The impedance model of
two-terminal VSC–HVDCs was built in [12], and the cause of DC current resonance was analyzed with
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Nyquist stability criteria. Different subsystems were selected to analyze the DC-side stability of the
VSC–HVDC system with a transfer function method in [16]. The influence of overhead transmission
lines, DC cables, and the DC-side filter on system stability was investigated in [17]. The different
performances of the lumped parameter and distributed parameter circuit models in stability analysis
were discussed in [18]. It was found that the distributed parameter circuit model is more accurate in
stability analysis.

In the condition of VSC–HVDC for AC Grid interconnection, the maximum transmission capacities
of the different power flow directions are different. Thus, a control strategy is required to improve the
transmission capacity from the DC-voltage-controlled converter to the power-controlled converter to
improve resource utilization efficiency. To increase the maximum transmission power, the DC side
oscillation must be suppressed. The suppression methods of DC side oscillation can be classified
into passive methods [20,21] and active methods [22–29]. Passive methods suppress resonance by
introducing a passive damper branch into the circuit to remodel the impedance of the source converter
or load converter in a cascaded system. Active methods suppress resonance by introducing voltage
and current feedback control in a controller to improve the impedance of the source converter or
load converter. Virtual impedance is widely used in control systems as an active damping control
method [24–29]. It can be introduced to suppress DC-side oscillation [24,25], to limit output current
for voltage controlled inverters during overloads or faults [26,27], to improve the stability of a
grid-connected inverter by change its input admittance [28], and to enhance the small-signal stability
of a modular multilevel converter (MMC) based DC grid [29].

Virtual impedance in the DC voltage control loop can suppress the DC-side oscillation of a
VSC–HVDC transmission system and improve its stability margin and the transmission capacity of
the system [24,25]. However, virtual impedance control leads to steady-state errors in the DC output
voltage of DC-voltage-controlled converters, due to different operating points [25]. An improved
virtual impedance control strategy is proposed in this paper. To design an appropriate control strategy,
a stability analysis is required. Thus, a DC impedance-based model of VSC–HVDC is built, and the
stability of the system is analyzed based on impedance stability criteria.

The rest of the paper is organized as follows: Section 2 describes the system’s structure and the
simulation of a VSC–HVDC system, as well as the design of an improved virtual impedance control.
Section 3 presents the impedance model of an HVDC system. Section 4 conducts a stability analysis on
the basis of impedance stability criteria, and Section 5 shows the simulation verification. Section 6
summarizes the proposed method.

2. Improved Virtual Impedance Control Principle

This paper mainly studies a two-level topology structure. The analysis in this paper can be
also applicable to an MMC system if the dc bus voltage ripples are insignificant [12]. A two-level
VSC–HVDC system used in AC grid interconnection is depicted in Figure 1. Figure 1 shows a DC
voltage-controlled converter and a power-controlled converter on the left and right sides, respectively.
The two converters have an identical structure. Rn1 + jXn1 and Rn2 + jXn2 are the equivalent impedance
of the AC system, Rc1 + jω1L1 and Rc2 + jω2Lc2 are the impedance of the filter reactor, Cf1 and Cf2 are

the filter capacitors,
·

m1 and
·

m2 are the modulations of the converter station,
·
us1 and

·
us2 are the AC

voltage at point of common coupling,
·
ug1 and

·
ug2 are the AC voltage of the AC system,

·
is1 and

·
is2 are

the AC current flowing through the filter reactor, and
·
ig1 and

·
ig2 are the AC current flowing through

the AC system. The DC cable is a π type, with an equivalent resistance of Rd, an equivalent inductance
of Ld, and an equivalent capacitance of Cd.

The modeling and control of the VSC–HVDC system are presented in a synchronous rotating
frame (SRF). The transformation of the three-phase quantity from stationary reference frame to the
SRF is based on the amplitude-invariant Park transformation, with the d-axis aligned with the voltage
vector us and q-axis leading the d-axis by 90◦. The grid voltage defines the system’s dq reference. A
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phase-locked loop (PLL) defines the controller dq reference. The system reference is aligned with the
PLL reference in a steady state. When a small disturbance occurs, the system reference is no longer
aligned with the PLL reference. The relationship between the system reference and the PLL reference
under a small disturbance is shown in Figure 2.

Figure 1. VSC–HVDC used in AC grid interconnection.

Figure 2. System and phase-locked loop (PLL) references.

Here, subscript dq represent the components of the physical quantity in the SRF. Subscript 0
represents the value of the physical quantity at the static working point, subscript ref represents the
given value of physical quantity, and subscript Δ represents the small disturbance components of the
physical quantity. Superscript c represents the components of physical quantity in the PLL reference,
and superscript s represents the components in the system reference.

The simulation model of VSC–HVDC in Figure 1 is built on a MATLAB/Simulink. The system
parameters are shown in the following table. The vector current control [13] is adopted in the two
converters, and the control is shown in Figure 3. For symmetry of the VSC–HVDC system, subscripts
1,2 of the system parameters in Table 1 and the control diagram in Figure 3 are omitted. In the model,
controller parameters are per unit. The base angular grid frequency is 50 Hz, the base grid voltage
is 110 kV, the base system capacity is 500 MW, and the base DC voltage is 250 kV. According to the
parameters in Table 1, the system’s closed-loop bandwidth with a DC voltage controller is 65 Hz, and
the system’s open-loop phase margin is 58 degrees. The system’s closed-loop bandwidth with an
active power controller is 8 Hz, and the system’s open-loop phase margin is 150 degrees. The system’s
closed-loop bandwidth with the current controller is 180 Hz, and the system’s open-loop phase margin
is 85 degrees.
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Figure 3. Control structure of the converters.

Table 1. Simulation parameters.

Parameters Values

Converter and AC system

System capacity Sn/MW 500
Line voltage of grid ug/kV 110

DC voltage Vdc/kV 250
Grid internal resistance Rn/Ω 0.2

Grid frequency ω0/Hz 50
Grid internal inductance Ln/H 1 × 10−3

Filter reactor inductance Lc/H 4.5 × 10−2

Filter reactor resistance Rc/Ω 0.2
DC side capacitance Cdc/μf 300

DC cable
DC cable resistance Rd/Ω/km 1.39 × 10−2

DC cable inductance Ld/H/km 1.59 × 10−4

DC cable capacitance Cd/F/km 2.31 × 10−7

Controller

DC voltage outer loop kpvdc/kivdc 15/100
Current inner loop kpc/kic 0.5/0.1

Active power outer loop kpp/kip 1/10
Phase locked loop kpPLL/kiPLL 10/100

The power flow direction from the power-controlled converter to the DC voltage-controlled
converter is set to positive. Figure 4 shows the resulting time-domain responses of the DC voltage of
the VSC–HVDC system. At 2 s, the active power instruction value steps from 500 MW to −500 MW,
and the length of the DC cable is 50 km. It can be observed that the DC voltage starts to oscillate, the
active power starts to fluctuate, and the system loses stability.

The power-controlled converter exhibits a constant power load (CPL) when the active power
is transmitted from the DC-voltage controlled converter to the power-controlled converter. The
incremental input resistance characteristic caused by CPL affects the stability of the VSC–HVDC
system [24].
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Figure 4. DC-link voltage and the active power of the VSC–HVDC system.

A virtual impedance control strategy is introduced in the DC-voltage-controlled converter to
mitigate the DC-side oscillation caused by the negative incremental input resistance characteristic of
the power-controlled converter. The expression of the virtual impedance control is

vdcre f = vdcn − (Req + sLeq)idc (1)

where vdcref is the DC voltage reference value, vdcn is the no-load DC voltage of the converter, and Req

and Leq are the set values for the virtual impedance. Due to the addition of current feedback, under
loaded conditions, there will be a fixed steady-state error between the DC voltage reference value
and the measured value, which almost equals Req ∗ idc. Thus, the steady-state error increases with an
increase in the transmission power (in both power flow directions).

In order to eliminate the steady-state error caused by virtual impedance, this paper modifies the
voltage control loop, as shown by the blue dotted line frame in Figure 5.

idcn =
ki
s
(vdcn − vdc) (2)

vdcre f = vdcn − (Req + sLeq)(idc − idcn) (3)

Figure 5. Proposed control structure of the converters.
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3. Impedance Model of Converters with Improved Virtual Impedance Control Strategy

3.1. DC-Side Impedance Modeling of DC-Voltage-Controlled Converter

The linearized dynamic equations of the DC voltage-controlled converter are expressed as

[
md0
mq0

]
Δvdc + vdc0

[
Δms

d
Δms

q

]
+ Z0(s)

[
Δissd
Δissq

]
=

[
Δus

sd
Δus

sq

]
(4)

[
Δus

sd
Δus

sq

]
= −Zg(s)

⎡⎢⎢⎢⎢⎣ Δisgd
Δisgq

⎤⎥⎥⎥⎥⎦ (5)

⎡⎢⎢⎢⎢⎣ Δisgd
Δisgq

⎤⎥⎥⎥⎥⎦ =

[
Δissd
Δissq

]
+ Yc f (s)

[
Δus

sd
Δus

sq

]
(6)

where

Z0 =

[
Rc + sLc −ω0Lc

ω0Lc Rc + sLc

]
(7)

Zg =

[
Rn + sLn −ω0Ln

ω0Ln Rn + sLn

]
(8)

Yc f (s) =

[
sC f −ω0C f
ω0C f sC f

]
(9)

Its controller and modulator linearized equations are expressed as

[
Δisd,re f
Δisq,re f

]
=

⎡⎢⎢⎢⎢⎣ kpvdc +
kivdc

s
0

⎤⎥⎥⎥⎥⎦(Δvdcre f − Δvdc) (10)

vdc0

[
Δmc

d
Δmc

q

]
= −GpwmGcc

[
Δisd,re f
Δisq,re f

]
+ Gpwm

[
Δuc

sd
Δuc

sq

]
+ Gpwm(Gcc + Zdel)

[
Δicsd
Δicsq

]
(11)

where kpvdc and kivdc are the proportional and integral gains of the DC voltage controller, respectively,
Gpwm is the PWM delay, and Gcc is the current compensator transfer function, where kpc and kic are the
proportional and integral gains of the current compensator, respectively.

Gpwm =

[
Hpwm 0

0 Hpwm

]
(12)

Hpwm = e−sTs
1− e−sTs

sTs
(13)

Gcc =

⎡⎢⎢⎢⎢⎣ kpc +
kic
s 0

0 kpc +
kic
s

⎤⎥⎥⎥⎥⎦ (14)

Zdel =

[
0 ωpLLLc

−ωpLLLc 0

]
(15)

The variables of the controller are based on the output of the PLL reference, whereas the variables
of the circuit are based on the system reference. The relationship of physical quantity between the PLL
and the system references is expressed as [13]

[
Δicsd
Δicsq

]
=

[
Δissd
Δissq

]
+

Gi
PLL︷��������������������︸︸��������������������︷[

0 GPLL(s)isq0

0 −GPLL(s)isd0

][
Δus

sd
Δus

sq

]
(16)
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[
Δuc

sd
Δuc

sq

]
=

Gv
PLL︷�����������������������︸︸�����������������������︷[

1 GPLL(s)usq0

0 1−GPLL(s)usd0

][
Δus

sd
Δus

sq

]
(17)

[
Δmc

d
Δmc

q

]
=

[
Δms

d
Δms

q

]
−

Gd
PLL︷��������������������︸︸��������������������︷[

0 −GPLL(s)mq0

0 GPLL(s)md0

][
Δus

sd
Δus

sq

]
(18)

where
t fPLL = kpPLL +

kiPLL
s

(19)

GPLL =
t fpLL

s + usd0 fPLL
(20)

Here, tfPLL is the PLL transfer function and kpPLL and kiPLL are the proportional and integral gains
of the PLL compensator, respectively.

The linearized equation of the power balance between the AC and DC sides of the converter is
expressed as

Δidc = 1.5(
[

md0 mq10
][ Δissd

Δissq

]
+
[

isd0 isq0
][ Δms

d
Δms

q

]
) (21)

The small signal expression of the improved virtual impedance compensator is expressed as

Δidcn = −ki
s

Δvdc (22)

Δvdcre f = −(Req + sLeq)(
ki
s

Δvdc + Δidc). (23)

Inserting (22) and (23) into (10), the relation between the AC current reference values Δisd,re f ,
Δisq,re f , DC voltage Δvdc, and DC current Δidc is expressed as

[
Δisd,re f
Δisq,re f

]
=

[
Hvdc Hidc

0 0

][
Δvdc
Δidc

]
(24)

where

Hvdc = −(kpvdc +
kivdc

s
)(

kiReq

s
+ kiLeq + 1) (25)

Hidc = −(kpvdc +
kivdc

s
)(Req + sLeq) (26)

Formula (5) can be written as

⎡⎢⎢⎢⎢⎣ Δisgd
Δisgq

⎤⎥⎥⎥⎥⎦ = −Yg(s)
[

Δus
sd

Δus
sq

]
. (27)

Inserting (27) into (6), the relation between the AC voltage and AC current can be given as

[
Δus

sd
Δus

sq

]
=

Zs︷�����������������︸︸�����������������︷
(Yc f (s) −Yg(s))

−1
[

Δissd
Δissq

]
. (28)
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Considering PLL, inserting (16)–(18) and (28) into (11), the modulation index can be written as

[
Δms

d
Δms

q

]
vdc0 = −GpwmGcc

[
Hvdc Hidc

0 0

][
Δvdc
Δidc

]
+ Gvdc

z (s)
[

Δissd
Δissq

]
(29)

where
Gvdc

z (s) = Gpwm(Gcc + Zdel) + Zs(s)Gi
c. (30)

Gi
c = (GpwmGv

PLL + Gpwm(Gcc + Zdel)Gi
PLL + vdc0Gd

PLL) (31)

The relation between the DC voltage, DC current, and AC currents can be obtained from (4) by
inserting (28) and (29):

YVdc
AC (s)

[
Δvdc
Δidc

]
=

[
Δissd
Δissq

]
(32)

where

YVdc
AC (s) = (Zs(s) −Z0(s) −Gvdc

z (s))
−1
(

[
md0 0
mq0 0

]
+ GpwmGcc1

[
Hvdc Hidc

0 0

]
) (33)

and YVdc
AC can be expressed as a 2*2 order matrix:

YVdc
AC =

[
Y1 Y2

Y3 Y4

]
(34)

Inserting (32) into (4), yields

[
Δms

d
Δms

q

]
=

1
vdc0

((Zs(s) −Z0(s))YVdc
AC (s) −

[
md0 0
mq0 0

]
)

[
Δvdc
Δidc

]
. (35)

In the power balance relation, by inserting (34) and (35) into (21), (21) can be replaced by

Δidc = 1.5
[

md0 mq0
][ Δissd

Δissq

]
+ 1.5

[
isd0 isq0

][ Δms
d

Δms
q

]
= 1.5

[
md0 mq0

]
YVdc

AC (s)
[

Δvdc
Δidc

]
+

1.5
[

isd0 isq0
]

1
vdc0

((Zs(s) −Z0(s))YVdc
AC (s) −

[
md10 0
mq10 0

]
)

[
Δvdc
Δidc

]
= M1Δvdc + M2Δidc

(36)

where
M1 = 1.5md0Y1 + 1.5mq0Y3 +

1.5
vdc0

isd0(RY1 + sLY1 −ω0LY3 −md0)+

isq0(RY3 + sLY3 −ω0LY1 −mq0)
(37)

M2 = 1.5mq0Y2 +
1.5
vdc0

isd0(RY2 + sLY2 − isq0ω0LY4) + isq0(RY2 + sLY2 −ω0LY4) (38)

R = Rn −Rc (39)

L = Ln − Lc (40)

The DC impedance of the converters can be calculated by solving (36) and can be expressed as

Zdcr =
1−M2

M1
. (41)

Consider the DC-side capacitor,

Zdc1 =
Zdcr

1 + sCdcZdcr
. (42)
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3.2. DC Side Impedance Modeling of the Power-Controlled Converter

The linearized dynamic equations of the power-controlled converter are the same as those of the
DC-voltage-controlled converter, which are expressed as (4)–(6), and its outer loop controller linearized
equation is expressed as

[
Δisd,re f
Δisq,re f

]
= −Hp(

Gvp︷�������������������︸︸�������������������︷[
1.5usd0 1.5usq0

0 0

][
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Δicsq

]
+

Gip︷������������������︸︸������������������︷[
1.5isd0 1.5isq0

0 0

][
Δuc

sd
Δuc

sq

]
) (43)

where Hp = kpp + kip/s is the active power compensator and kpp and kip are the proportional and
integral gains of the compensator. Its current compensator and modulator is same as (11). Inserting
(16)–(18) into (42) gives

[
Δisd,re f
Δisq,re f

]
= −HpGvp

[
Δissd
Δissq

]
−(HpGvpGi

PLL + HpGipGi
PLL)

[
Δus

sd
Δus

sq

]
. (44)

Inserting (16)–(18) and (28) into (11), the relation between the modulation index and AC current
can be expressed as

[
Δms

d
Δms

q

]
vdc0 = (GpwmGccHpGvp + Gpwm(Gcc + Zdel))

[
Δissd
Δissq

]
+
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[
Δus
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Δus
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where
Gi

C = Gd
PLL + GpwmGv

PLL + Gpwm(Gcc + Zdel)Gi
PLL. (46)

Equation (45) can be rewritten as

[
Δms

d
Δms

q

]
vdc0 = GP

Z

[
Δissd
Δissq

]
. (47)

Inserting (47) and (28) into (4) yields

YP
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(Zs(s) −Z0(s) −GP
Z(s))

−1
[
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[
Δissd
Δissq

]
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The DC-side impedance of the converter can be obtained by inserting (47) and (48) into (21):

ZdcA =
1

1.5(
[

md0 mq0
]
+
[

isd0 isq0
]
GP

Z)Y
P
AC

. (49)

Consider the DC-side capacitor,

ZdcB =
ZdcA

1 + sCdcZdcA
(50)

Adding the DC cable impedance to the DC-side impedance of the power-controlled converter yields

Zdc2(s) = (ZdcB(s)
∣∣∣∣∣
∣∣∣∣∣ 2
sCd

+ sLd + Rd)

∣∣∣∣∣
∣∣∣∣∣ 2
sCd

. (51)
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3.3. Verifying Impedance Modeling Through Perturbation Signal Testing

Perturbation signal testing is used to verify the accuracy of the proposed small-signal model.
An AC current source should be placed parallel to the DC side of the system as an input signal, as
Figure 6a shows. It is necessary to inject AC current at different frequencies to measure the DC side
impedance at different frequencies. At each injection frequency, a simulation experiment is conducted.
The DC voltage and DC current data of each experiment are analyzed by fast Fourier transformation.
The components under the disturbance frequency are taken out, and the ratio of DC voltage and DC
current is calculated as the calculated impedance [13]. Figure 6b,c shows the DC-side impedance
verification of the DC system rectifier and inverter sides, respectively. The solid line in Figure 6b
represents the analytical impedance of the rectifier converter as in (42), and the points represent the
simulation results. Figure 6b represents the analytical impedance of the inverter station and the DC
cable as (51), and the points represent the simulation results.

 
(a) 

 
(b) 

 
(c) 

Figure 6. Frequency response of the impedance and verification. The solid line represents the model
prediction, and the black points denote the simulation. (a) Disturbance signal testing. (b) Impedance of
the DC voltage-controlled converter (c). Impedance of the power-controlled converter.
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4. Stability Analysis of VSC–HVDC with Improved Virtual Impedance Control Strategy

According to the results of small signal modeling, the DC side of the voltage-controlled converter
is modeled by a DC voltage source (Vs), in series with an output impedance (Zs), which equals to
Zdc1. The DC side of the power-controlled converter and DC cable is modeled by a DC current source
shunted with an input impedance (Zl), which equals to Zdc2. Figure 7 shows the equivalent impedance
model of the system.

Figure 7. Equivalent model of the VSC–HVDC system.

According to Kirchhoff’s law, the output voltage of the DC side Vdc (s) can be expressed by
Formula (52). The stability of the DC system depends on the ratio of Zs to Zl, which is the open-loop
transfer function of system Tm. DC voltage is predicted to be stable when Tm satisfies the Nyquist
stability criterion [12–14]:

Vdc(s) = (vs(s) + il(s)Zs(s))(
1

1 + Tm
) (52)

Tm =
Zs(s)
Zl(s)

. (53)

4.1. Impact of the Power Flow Direction

Figure 8a shows the Nichols plots of an open-loop transfer function Tm when the transmission
power is ±500 MW and the length of the DC cable is 50 km. The traditional control strategy [13]
shown in Figure 3 is adopted to a DC-voltage-controlled converter, and controller parameters are set as
kpvdc = 15, kivdc = 100.

(a) 

Figure 8. Cont.
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(b) 

Figure 8. (a) Nichols plots of Tm when transmission power is ±500 MW. (b) Impedance frequency
responses of Zdc1 and Zdc2 when transmission power is ±500 MW.

As shown in Figure 8a, the red line does not encircle (−180◦, 0), and the VSC–HVDC system
is predicted to be stable. The blue encircles (−180◦, 0), and the VSC–HVDC system is predicted to
be unstable.

Figure 8b shows the impedance frequency responses of Zdc1 and Zdc2 when the active power is set
as ±500 MW. Compared with the yellow line and the blue line, in the mid-frequency band, the blue line
shows negative damping while the yellow line does not. Zdc1 and Zdc2 intersect at the mid-frequency
band due to the influence of DC cable impedance. The phase difference at the red line and blue line in
the mid-frequency band is approximately 180◦, so the DC voltage is predicted to oscillate. The stability
analysis results are consistent with the simulation results in Figure 4.

4.2. Impact of Virtual Impedance by Frequency Responses

Figure 9 shows the impedance frequency responses of Zdc1 and Zdc2 when the active power is
set as −500 MW and the length of DC cable is 50 km. The proposed strategy in this paper is adopted
for a DC-voltage-controlled converter, and the controller parameters are set as kpvdc = 15, kivdc = 100,
and ki = 10. Figure 9a shows the impedance frequency responses of Zdc1 under a different Reqs. The
pink line represents Zdc2 and the blue, red, and yellow lines represents Zdc1 when Req = 0.5, 2 and 5,
respectively. The blue line shows that when the phase of Zdc1 impedance in the mid-frequency band is
below −90◦, the system exhibits negative damping. The phase difference at the intersection of the pink
and blue lines in the mid-frequency band is approximately 180◦, and the DC voltage is predicted to
oscillate. The red and yellow lines show that when the phase of Zdc1 impedance in the mid-frequency
band is above -90◦, and the phase difference is less than 160 degrees, the DC voltage is predicted to
stable. However, with the increase of Req, the phase difference at the intersection of the pink and blue
lines in low-frequency bands increases, and the system tends to lose stability.

Figure 9b shows impedance frequency responses of Zdc1 under a different Leqs. The pink line
represents Zdc2 and the blue, red, and yellow lines represent Zdc1 when Leq = 0.002, 0.02, and 0.05,
respectively. Blue line shows that phase of Zdc1 impedance in mid-frequency band is below −90◦,
the system exhibits negative damping. The phase difference at the intersection of the pink and blue
lines in the mid-frequency band is approximately 180◦, and the DC voltage is predicted to oscillate.
Red and yellow lines show that when the phase of Zdc1 impedance in the mid-frequency band is
above −90◦, and the phase difference is less than 160 degrees, the DC voltage is predicted to be stable.

32



Appl. Sci. 2019, 9, 3184

However, with the increase of Leq, the phase difference at the intersection of the pink and blue lines in
the low-frequency band increases, and the system tends to lose stability.

The conclusion is that if the virtual impedance is too small, it will not be enough to suppress the
oscillation. If the virtual impedance is too large, a new oscillation may occur in the low frequency band.

 
(a) 

 
(b) 

Figure 9. Impedance frequency responses of Zdc1 and Zdc2 under different equivalent virtual impedance
values (a) Req and (b) Leq.

4.3. Impact of Virtual Impedance Parameters by Nichols Plots

Figure 10 shows the Nichols plots of Tm with different virtual impedance parameters. The DC
cable length is 10 km and the transmission power is −500 MW. The proposed strategy in this paper is
adopted to the DC-voltage-controlled converter, and the controller parameters are set as kpvdc = 15,
kivdc = 100, and ki = 10. The blue, red, and yellow lines in Figure 10a show the Nichols plots of Tm

when the virtual impedance parameters Req are 0.5 Ω, 2 Ω, and 5 Ω, respectively. Figure 10a shows
that Tm encircles (−180◦, 0), and the system is predicted to be unstable when Req = 0.5 Ω. The system
is predicted to be stable when Req = 2 and 5 Ω. Increasing the Req value in a certain range helps
improve the stability of the system. The phase margin of the system is insufficient to suppress DC-side
oscillation when Req = 0.5 Ω.
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(a) 

(b) 

Figure 10. Nichols plots of Tm under different equivalent virtual impedance values (a) Req; (b) Leq.

The blue, red, and yellow lines in Figure 10b show the Nichols plots of Tm when virtual impedance
parameters Leq are 0.002 Ω, 0.02 Ω, and 0.05 Ω, respectively. Figure 10b shows that Tm encircles (−180◦,
0), and the system is predicted to be unstable when Leq = 0.002 Ω. The system is predicted to be stable
when Leq = 0.02 and 0.05 Ω. Increasing the Leq value in a certain range helps improve the stability
of the system. The phase margin of the system is insufficient to suppress DC-side oscillation when
Leq = 0.002 Ω.

4.4. Impact of DC Cable Length

Figure 11 shows the Nichols plots of the open-loop transfer function Tm under different lengths of
DC cable when the transmission power is −500 MW. The control parameters are kpvdc = 15, kivdc = 100,
ki = 10, Req = 0.5 Ω, and Leq = 0.002 Ω. The blue, red and yellow lines in Figure 11 represent the Nichols
plots of Tm at DC cable lengths of 50, 100, and 150 km, respectively. As shown in Figure 11, the Nichols
plot gradually approaches (−180◦, 0), with a decrease in DC cable length. The Nichols plot encircles
(−180◦, 0), and the system is predicted to be unstable when the DC cable length is reduced to 50 km.
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Figure 11. Nichols plots of Tm under different DC cable lengths.

4.5. Impact of DC Side Capacity

Figure 12 shows the Nichols plots of the open-loop transfer function Tm under a different
capacitance of the DC side capacity when the transmission power is −500 MW. The control parameters
are kpvdc = 15, kivdc = 100, ki = 10, Req = 0.5 Ω, and Leq = 0.002 Ω. The blue, red, and yellow lines in
Figure 12 represent the Nichols plots of Tm at the DC side capacity of 300, 450, and 600 μf, respectively.
As shown in Figure 12, the Nichols plot gradually approaches (−180◦, 0), with a decrease in the DC
side capacity. The Nichols plot encircles (−180◦, 0), and the system is predicted to be unstable when
the DC side capacity is reduced to 300 μf.

Figure 12. Nichols plots of Tm under different DC side capacities.

From the above stability analysis, it can be concluded that there are three main factors affecting the
stability of the system—power flow [24], main circuit parameters, and controller parameters. Among
the main circuit parameters, the most important factors are the length of the circuit and the capacitance
of the DC side. According to the stability, analysis results in 4.4 and 4.5. The stability margin of the
system can be improved by increasing the DC capacitance and DC cable length. When the main circuit
parameters are determined and the power flow is determined, the stability of the system can also be
improved by optimizing the controller settings.

4.6. Impact of Grid Impedance

Figure 13 shows the Nichols plots of the open-loop transfer function Tm under different grid
impedance when the transmission power is −500 MW. The control parameters are kpvdc = 15, kivdc = 100,
ki = 10, and Leq = 0.02 Ω. The blue and red lines in Figure 13 represent the Nichols plots of Tm when
Ln = 1 and 5 mH, respectively. The blue line does not encircle (−180◦, 0), while the red line encircles
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(−180◦, 0), which means and DC-side oscillations are more likely to occur in weaker power grids. The
yellow line in Figure 13 represents the Nichols plot of Tm when Ln = 5 mH and Req = 2. The yellow
line does not encircle (−180◦, 0), which means the system is predicted to be stable after choosing
appropriate virtual impedance parameters.

Figure 13. Nichols plots of Tm under a different grid impedance.

5. Simulation Verification

5.1. Impact of DC Cable Length

Figure 14 shows the simulation results of the VSC–HVDC system with virtual impedance control
strategy under different DC cable lengths. The voltage control parameters are kpvdc = 15, kivdc = 100,
ki = 10, Req = 0.5 Ω, and Leq = 0.002 Ω. At 2 s, the steady-state power command value is set from
500 MW to −500 MW. As shown in Figure 14, the blue line indicates the simulation results when the
DC cable length is 50 km, and the red line indicates 100 km. The DC voltage in the blue line drops by
approximately 5% and begins to oscillate, and the system loses stability. The DC voltage in the red line
drops by approximately 5%, smoothly restoring the instruction value, and the system remains stable.
The simulation results are consistent with the theoretical analysis in Section 4.4.

Figure 14. DC-link voltage and active power of the VSC–HVDC system under different DC cable lengths.
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5.2. Impact of DC Side Capacity

Figure 15 shows the simulation results of the VSC–HVDC system with a virtual impedance control
strategy under a different DC side capacity. The voltage control parameters are kpvdc = 15, kivdc = 100,
ki = 10, Req = 0.5 Ω, and Leq = 0.002 Ω. At 2 s, the steady-state power command value is set from
500 MW to −500 MW. As shown in Figure 15, the blue line indicates the simulation results when the
DC side capacity is 300 μf, and the red line indicates 450 μf. The DC voltage in the blue line drops by
approximately 5% and begins to oscillate, and the system loses stability. The DC voltage in the red line
drops by approximately 5%, smoothly restoring the instruction value, and the system remains stable.
The simulation results are consistent with the theoretical analysis in Section 4.5.

Figure 15. DC-link voltage and active power of the VSC–HVDC system under different DC side capacity.

5.3. Dynamic Performance Comparison

According to [13], reducing the value of kpvdc can improve the output impedance of the
DC-voltage-controlled converter, thereby reinforcing the stability of the system. However, this
condition influences the dynamic performance of the control. This paper compares the dynamic
performance of the two control strategies. Similarly, the DC cable length is 50 km, and the active
power instruction changes from 500 MW to −500 MW at 2 s. As shown in Figure 16a, the blue line
represents the DC voltage under the traditional control strategy [13]. When kpvdc = 5 and kivdc = 100,
the red line represents the DC voltage under the proposed control strategy when kpvdc = 15, kivdc = 100,
ki = 10 and Req = 2 Ω, and the yellow line represents the DC voltage under the proposed control
strategy when kpvdc = 15, kivdc = 10, ki = 10, and Leq = 0.02 Ω. The DC voltage in the blue line drops by
approximately 9% when the instruction value is changed and gradually increases to the instruction
value. The DC voltage in the red line drops by only 2% when the instruction value is changed and
increases the instruction value by more than 2%. The DC voltage in the yellow line drops by only 4%
when the instruction value is changed and gradually increases to the instruction value. The dynamic
performance of the proposed control strategy is better than that of the traditional control method.

Figure 16b compares system DC voltages under the proposed control strategy with different
virtual impedance parameters when kpvdc = 15, kivdc = 100 and ki = 10. The blue line represents Req = 0.5,
Leq = 0.02 Ω, the red line represents Req = 2 Ω, Leq = 0.02 Ω, and the yellow line represents Req = 2 Ω,
Leq = 0.002 Ω. From the comparison of these three lines, it can be seen that the speed of DC voltage
regulation mainly depends on Req. As can be seen from Figure 9a, increasing Req can reduce the
amplitude response of Zdc1 in the low-frequency band. However, increasing Leq has little effect on the
amplitude response of Zdc1 in the low-frequency band, as in Figure 9b.
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(a) 

(b) 

Figure 16. DC-link voltage and active power of the VSC–HVDC system (a) under the proposed control
strategy and traditional control strategy [13] and (b) under the proposed control strategy with different
virtual impedance parameters.

5.4. Steady State Error Elimination

On the basis of the previous analysis, although the traditional virtual impedance control strategy
can enhance the transmission capacity of the system, it causes the steady-state error of DC voltage.
Figure 17 shows the comparison of two virtual impedance control strategies. The length of the DC
cable is 50 km. At 2 s, the steady-state power command value is set from 500 MW to −500 MW.

The DC voltage in the blue line represents the traditional virtual impedance, shown as the yellow
frame in Figure 5, and the controller parameters are kpvdc = 15, kivdc = 100, and Req = 2 Ω. The DC
voltage in the red line represents the proposed control strategy, with kpvdc = 15, kivdc = 100, Req = 2 Ω,
and ki = 10. Under the two control strategies, the DC voltage fluctuates in a short time and a small
range only, and the active power can steadily step down. The DC voltage shown by the red line is
close to the instruction value of 250 kV, and the steady-state error of the blue line is approximately
5 kV in both power flow directions, which are consistent with the theoretical analysis. The simulation
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results show that the improved virtual impedance control method can improve the stability of the DC
system and eliminate the steady-state error of the DC voltage caused by the virtual impedance.

Figure 17. DC-link voltage and active power of the VSC–HVDC system under the proposed control
strategy and traditional virtual impedance.

5.5. Impact of Gird Impedance

Figure 18 shows the simulation results of the VSC–HVDC system with a virtual impedance control
strategy under a different grid impedance. The voltage control parameters are kpvdc = 15, kivdc = 100,
ki = 10, and the transmission power is set as −500 MW. At 2 s, the grid impedance is switched from
1 mH to 5 mH. The blue line in Figure 18 indicates the simulation results when the virtual impedance
parameter is Leq = 0.02 Ω. The DC voltage in the blue line begins to oscillate, and the system loses
stability. The red line in Figure 18 indicates the simulation results when virtual impedance parameters
are Leq = 0.02 Ω and Req = 2 Ω. The DC voltage in the red line stays stable, and the system remains
stable. The simulation results are consistent with the theoretical analysis in Section 4.6.

Figure 18. DC-link voltage and active power of the VSC–HVDC system under different gird impedance.
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6. Conclusions

This paper investigates the stability of VSC–HVDC operation in a bidirectional power flow mode.
DC cable length affects the reverse power transmission power of the system. An improved virtual
impedance control strategy is presented to increase the reverse power transmission power of the
system. A system stability analysis based on the impedance model is applied to the proposed control
strategy. System stability is affected by the power flow, controller parameters, DC cable length, and
DC side capacity.

(1) DC-side oscillation occurs when the transmission power of the system is large. The maximum
transmission power of a DC voltage-controlled converter to a power-controlled converter is less
than that in the opposite transmission direction.

(2) The shorter the DC cable is, the more easily the oscillation of DC voltage will occur.
(3) The smaller the DC side capacity is, the more easily the oscillation of DC voltage will occur.
(4) The weaker the AC grid strength is, the more easily the DC side oscillation will occur.
(5) Appropriate virtual impedance parameters can improve system stability. The phase margin of

the system is insufficient to suppress DC-side oscillation when the virtual impedance parameter
is small. If the virtual impedance parameters, Req or Leq, are too large, then the system will enter a
new unstable state.

The simulation results show that the proposed improved control strategy can eliminate the
steady-state error of DC voltage caused by virtual impedance and maintain the advantage of a virtual
impedance strategy to improve system stability. The proposed control method has better dynamic
performance compared to the traditional control method.
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Abstract: This paper proposes two novel power control strategies to improve the angle stability of
generators using a Back-to-Back (BTB) system-based voltage source converter (VSC). The proposed
power control strategies have two communication systems: a bus angle monitoring system and
a special protection system (SPS), respectively. The first power control strategy can emulate the
behaviour of the ac transmission to improve the angle stability while supporting the ac voltage at
the primary level of the control structure. The second power control scheme uses an SPS signal to
contribute stability to the power system under severe contingencies involving the other generators.
The results for the proposed control scheme were validated using the PSS/E software package
with a sub-module written in the Python language, and the simple assistant power control with
two communication systems is shown to improve the angle stability. In conclusion, BTB VSCs can
contribute their power control strategies to ac grid in addition to offering several existing advantages,
which makes them applicable for use in the commensurate protection of large ac grid.

Keywords: BTB-HVDC; power control; angle stability; special protection system

1. Introduction

Back-to-Back system-based voltage source converters (BTB VSC) have been developed in
numerous studies and are increasingly installed in ac grids [1,2]. The system is generally installed to
improve the connection point of a renewable energy system, since the converter plays an important
role in voltage swings during a contingency while decreasing the magnitude of the fault current in the
ac grid. Another advantage of an embedded BTB system is that it increases the ac transmission transfer
capacity by supporting the voltage and reduces the angle differences between each side of ac system.
In the transient period, the system also contributes to voltage stability by applying ac voltage control
strategy while sustaining their transfer power [3]. The ac voltage and the active power control are
essential operational tasks in BTB VSCs to guarantee the proper stability of ac grid. However, the BTB
VSCs generally sustain their fixed active power even though the ac grid has severe contingencies due
to the fact that, unlike a Point-to-Point (PTP) system, frequency control with an embedded BTB system
is useless in a large ac grid. Thus, novel transient power control schemes including two communication
systems are newly introduced in this paper to expand the advantage of BTB VSCs. The proposed
schemes contribute angle stability while also providing reactive power for voltage stability.

The BTB VSCs can further contribute transient stability using their advantage of flexible control.
In fact, in the previous study, two kinds of transient power control methods were identified in the
CIGRE (International Council on Large Electric Systems) conference, and one of them involves the
use of WAMS (Wide Area Measurement Systems) by measuring the voltage and current from a GPS
(Global Positioning System) system to prevent damping oscillation or an overload line problem [4].
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The second method allows the power to increase its desired set point or to be automatically reduced
as parallel ac transmission in the post-disturbance period. In detail, the active power reference of the
BTB VSC is modified by the same amount as the parallel ac transmission line after the fault to resolve
an overload situation. However, the first method has a major problem: the installation cost of entire
grid monitoring system is too high. The second method lacks improvements in the transient response,
and this type of control may not be practical given that the absence of the parallel ac transmission line
restricts the use of power control. Furthermore, the overload problem is not eliminated at all positions
according to the BTB system installation point.

The previous studies related to transient power control with BTB VSC has not been specifically
illustrated, since the conservative operation with power control is general [3]. In the future, however,
as the volatility of renewable energy sources increases, these Flexible AC transmission system (FACTS)
will be required to be more flexible. To maximize the strengths of the BTB VSC, different form of control
strategy is needed. Note that the ac voltage control is an ideal way to prevent the voltage instability in
the embedded BTB VSC system, only power control is discussed in this paper. The first power control
method using bus angle information acts like a frequency control in PTP HVDC, and it contributes
the angle stability of several generators. It also finds a new convergence point immediately after a
contingency such as ac transmission lines. The second power control strategy using a special protection
system (SPS) signal could cause the tripped generator be reduced during the transient period, and
it makes grid operation more flexible. The most important contribution of the proposed methods is
that it can alleviate the first damping of the generators’ angle and prevent the rest from a potential
loss of synchronism. To perform the analysis, in Section 2, the basic model of the VSCs is derived.
In Section 3, two transient power control models are configured. Lastly, the angle stability evaluation
using the proposed power control schemes with BTB VSCs is represented in Section 4. The angle
spread analysis regarding first damping in PSS/E software is used to demonstrate the effectiveness of
the proposed model.

2. VSC Model Configuration

2.1. VSC Configuration

Based on the Insulated Gate Bipolar Transistor (IGBT) and Pulse-Wide Modulation (PWM) skill,
the VSC is capable of yielding a high active and reactive power input to the grid independently in a low
grid voltage situation. Nowadays, Modular Multilevel Converter (MMC), using cascaded connection
logic, is more attractive for application in the grid because of its unique features, e.g., the good
sinusoidal waveform of its output voltage and low switching loss. Manufacturers have developed
new generation of VSC based on MMC, and is has fast response speed, especially during the transient
phase after disturbances such as voltage swing. In this paper, the MMC based BTB VSC system will
be discussed.

In the BTB VSC system, the two converter stations are located at the same site, and the two ac
systems are interconnected with either the same or a different frequency. The control of both active
and reactive power is bi-directional and across the entire capability range. Within the capability curve,
the VSC located in a weak ac system can support frequency and voltage drops and responses to several
disturbances with fast dynamic control. To apply the bi-directional control of the converter, the ac
current and voltage have to be transformed into a rotating direct-quadrature (d-q) frame. The rotating
reference frame is aligned to the voltage phasor of the point of common coupling (PCC). Since the
q-axis term of the voltage approaches zero, the converter enables the decoupled control of active and
reactive power [5].

As we can be observed in Figure 1, the PCC voltage (ec) and converter voltage (vc) can be
expressed with the resistance and inductance.

ec − vc = RTic + LT
dic
dt

, (1)
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Figure 1. Voltage Source Converter single diagram.

Using the d-q transform equation, (1) can be rewritten as:

ed − vd = RTid + LT
did
dt

− ωLiq, (2)

eq − vd = RTiq + LT
diq

dt
− ωLid, (3)

in which ω is the angular frequency of the ac voltage at PCC and the well-known power equations in
d-q reference frame with vq = 0 are expressed as

P = 3/2(vdid). (4)

Q = −3/2(vdiq). (5)

The (4) and (5) are used in the outer controller, and the active/reactive power is controlled by the
decoupled d and q axis current. The above simple equations are one of the main reasons for using the
d-q current control as the fastest inner control.

2.2. Inner Current Controller of VSC

The inner current controller which a faster response than the outer controllers includes
Proportional Integral (PI) controllers and makes the voltage reference. The PI controllers are used to
reduce the error in the d and q axis current control with ac grid parameters. A feedforward current
is used to reduce the cross-coupling effect, and feedforward voltage (vsdq) is applied to compensate
for the grid voltage disturbance as shown in Figure 2. Note that the system parameters depending
on the feedback gain and time constant can cause problems in the inner fast control loops in a weak
grid, the appropriate PI gains selection is needed. In this paper, however, selecting the optimal PI
parameters is not a goal. The impact of the proposed model included in the upper hierarchical control
structure is the only concern in this paper.

Figure 2. Inner current control loop.
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Figure 2 indicates that the control plants in both the d and q axis current control loops are identical.
The PI controller allows one to track the dc reference command [6]. The closed-loop transfer function
that includes the ac system dynamic as LT and RT is represented as

�(s) = (
kp

Ls
)

s + ki/kp

s + R/L
, (6)

in which the R and L are the total resistance and inductance between the PCC and the converter,
respectively. Due to the system pole at s = −R/L, the magnitude and phase of the loop gain start to
drop from a low frequency. The system pole is cancelled by the compensate zero, that is s = −ki/kp.
The transfer function is rewritten by

Gi(s) =
Id(s)

Idre f (s)
=

1
τis + 1

·(kP =
L
τi

, ki =
R
τi
) (7)

in which τ is the time constant that impacts the system response and the bandwidth of the closed
loop system. Depending on the system requirements, about 0.5–5 ms is taken as an appropriate range,
and the parameters of PLL and PI controller have to be decided based on grid equivalent impedance
in small signal stability domain.

2.3. Outer Current Controller of VSC

Unlike the inner control loops of a fast, first-order system, outer controller makes d-q current
references achieve upper control object and ensures satisfactory response [7]. The d-axis current can
control the active power and dc voltage; on the other hand, the q-axis manipulates the reactive power
and ac voltage through inner current loops. In the power control, the q-axis current and d-axis voltage
are considered as disturbances of the d-axis current control. The specific outer controller description
with the proposed models are illustrated in the next Section.

3. Novel Two Power Control Models with Communication System

3.1. The First Power Control Model of BTB VSC

The process to obtain a first power control model with the bus monitoring system is explained
in this section. The goal is to make BTB VSC act like an ac transmission when contingencies occur.
It contributes to the improvement of transient stability, since it reacts like other ac transmission lines
that find a new convergence point after a contingency. Therefore, the ac transmission characteristics
have to be involved in the BTB VSC. In the ac grid, the transfer power is determined by each side of the
angle difference that provides a clue to infer the condition of the ac system. The BTB VSCs equipped
with each side of bus angle information can react differently depending on the ac grid condition.
To apply the angle difference variation to an active power controller, below assumption is needed [8]:

ΔP = Δ
VS·VR

XL
sinδ ∼= Δsinδ. (8)

The power transfer equation is illustrated as the sending end voltage VS, receiving end voltage
VR and line impedance XL between two buses, in which δ is the angle difference between the sending
and receiving ends. With the ac voltage control, the converter constantly controls the ac voltage as
1.0 pu, and the voltage variation is assumed to be zero. The impedance that determines the amount
of power is a constant value between ac grid and BTB VSC system. Finally, in the VSC, the power
variation occurs when the angle difference between connected two buses is detected.

In the first power control method, the angle information of each side of ac buses are transferred
through a first order lag filter, and the information used in the assistant power controller to emulate the
ac transmission power flow characteristics as shown in Figure 3. The filter is required for the measured
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signal to remove the initial overshoots, as well as any higher angle oscillations. The power reference
changes when an angle variation is detected, and the reference is obtained as

P∗
total(t) = Pinitial + Pres(t − T1)× sin(Δθy(t)− Δθx(t)). (9)

in which T1 is a delay constant from the control lag, output limiter, and communication system.
The Pinitial is initial dc power for the user-selected purpose in the steady-state condition. The Pinitial can
be set for various reasons by grid operators, including the maximum power-voltage margin, improved
power transmission capability, minimum power transfer cost, etc. Note that the sin function has a
range of −1 to 1, the assistant power reference is always smaller than remaining active power of the
converter as Pres. Thus, the Pres determines the range of the angle stability improvement.

Figure 3. The first power control model structure of BTB.

There are two purposes for a set Pres value. First, the contingencies nearby the BTB VSC result in
a high angle variation. This means that the assistant power reference could have large fluctuations in a
small power system [9]. This easily impacts the system stability in which grid inertia is low. Second,
the unlimited power reference could impact the system margin, leading to an unstable eigenvalue
mode of active power controller. Therefore, setting the Pres is reasonable.

In detail, for example, when the fault occurs right next to the θx side of the BTB, the arbitrary
bus angle at the θx side is immediately increased, since nearby generators increase their rotor speed
to supply active power. What we want to see is the first damping of the bus angle in a sequence of a
contingency. From Figure 3, the angle variation of the θx side more sensitively increases rather than
the opposite side of θy. From (9), the bus angle makes (Δθy(t)− Δθx(t)) terms negative in transient
time, and the Pres becomes negative as well. The total power output (Pinitial + Pres) is decreased
to deliver more power to the θx side. On the other hand, when the fault occurs right next to the
θy side of the BTB, bus angle at the θy side is more increased than the other side in transient time.
It makes (Δθy(t)− Δθx(t)) terms positive, and the total output power going to θy side is increased.
In conclusion, the bus angle information reflects the ac grid condition directly after the contingency,
and more power flows from the converter to the ac grid with the first power control strategy can
reduce the required decelerating energy.

The operation point of the active power is consistently changed due to varying angle differences
such as ac transmission line; therefore, the grid operators should accurately determine the reserve
active power as Pres. The reason for using reserve power (Pres) and not using initial power (Pinitial)

for the proposed power control is that it can easily make the reverse direction power flow from the
angle measuring system. This involves a high variation in power change, and it can worsen the ac
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grid condition in some cases. Also, another object of the first method is to use the remaining converter
capacity to increase the converter utilization. Thus, the first power control method contribution to the
stability of the ac grid is naturally constrained by a limiter.

The specific determination process of reserve active power is illustrated hereafter. The Pres is
calculated by the converter rating (S), required reactive power (Qmax) from a severe contingency,
and the initial active power (Pinitial).

−
√

S2 − Q2
max − P2

initial ≤ Pres ≤
√

S2 − Q2
max − P2

initial . (10)

Since the ac voltage control of the embedded BTB VSC has the highest priority in the transient
time, sufficient reserve capacity of the reactive power such as Qmax is required. However, the reactive
power injecting or absorbing the ac grid can be limited by key parameters such as the ac grid voltage,
converter voltage, and ac grid equivalent impedance. The maximum reactive power the converter can
absorb or inject to the ac grid is limited by the two well-known equations below [10]. The reactive
power is constrained by the (11) as the “critical frontier” is the relation between the transmitted active
power and reactive power. Beyond the critical frontier area, the ac grid voltage becomes unstable
and collapses.

qvsc =
e2

4xT
− xT

e2 p2
c . (11)

in which
qvsc is the VSC reactive power;
e is the ac grid voltage;
xT is the reactance between the VSC and the ac grid

Other equations such as (12) represent the capability of the VSC to inject the reactive power into
the ac system. (12) formed circular is moved by the ac grid voltage and equivalent impedance.

p2
ac =

(
qac − e2

xT

)2

=

(
evc

xT

)2
. (12)

in which
pac, qac is the apparent power at the ac system node;
vc is the converter side voltage;

The allowable reactive power range is firstly calculated to determine the range of Pres. If the
reactive power is not limited by the ac grid condition, the Qmax is chosen based on the required amount
when the three-phase fault occurs near the BTB VSC system. If the reactive power consumption
to maintain the voltage of the weak ac grid is large, the converter following the tendency of the ac
transmission characteristic is naturally limited. The detailed determination process is illustrated below
in Figure 4.
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(a)                                               (b) 

Figure 4. (a) Capability curve of BTB VSC and (b) determination process of Pres value.

3.2. The Second Power Control Model of BTB VSC

Each country, whether it has a different Special Protection System (SPS), as the generators tripping
schemes are generally called, commonly commands specific generators to be tripped to balance the grid
power. This process is generally adopted by grid operators, and to prevent the fault spread, the SPS
signal that commands each generator to be tripped is activated. Under an N-2 contingency, as the level
of fault increases, more generator rejection has to be applied to sustain the grid stability. The common
protocol of SPS is performed according to time domain simulation with major contingencies, and the
stability margin is determined by the index of acceleration and the decelerating energy [11,12].

With the second power control strategy, the flexible operation of the generator tripping scheme
can be achieved without significant decelerating energy as the generators trip. The BTB VSCs surely
contributes to the stability of the ac grid using a simple converter control strategy that transfers
the maximum power reserve instantly to the fault area. Note that the more VSCs equipped with a
proposed power control scheme the flexible tripping schemes on the generators will be possible for
grid operators.

Figure 5 represents the diagram of the second power control scheme. If the SPS signal is activated,
the power reference with the second power control scheme is represented by

P∗
total(t) = Pinitial + [Pres(t − T1) × sin(Δθy(t)− Δθx(t))× S1]︸ ︷︷ ︸

The f irst power control

+ [Pres(t − T2) × F × S2]︸ ︷︷ ︸
The second power control

, (13)

{
F ∈ {−1, 1}

S1 and S2 ∈ {0, 1}
in which T2 is the delay time when the BTB VSC receives the SPS signal, and it is set by 5 cycles after
the fault in this paper. The activating time is naturally faster than the generator tripping scheme as
with 9 cycles, since mechanical switch is not included. The F coordinated by the grid operators only
impacts the direction of the active power reserve based on the fault position, and the S1 and S2 are the
switch to separate the first power control and the second power control method. The initial value of S2
is zero for the first method.
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Figure 5. The second power control model of BTB VSC.

To verify the effectiveness of the second power control method, the Equal Area Criterion (EEAC)
concept is introduced. From the well-established EEAC [11,12], the accelerating area is defined as A1,
and the decelerating area as A2. To configure the stable system, the size between A1 and A2 has to be
equal. The main cause of this improvement is that the proposed strategy can increase the height of the
A2 area during contingency. Figure 6 represents the power-angle curve and the decelerating area with
and without the second power control strategy.

Figure 6. Equal Area Criterion with the second power control strategy.

From [11,12], the rotor angle (δ) increases by increasing the mechanical output (Pm) or by reducing
the electrical output (Pe) as in (14):

dδ

dt
∝ ±

√∫
Pm − Pedδ, (14)
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dδ2

dt2 = Pm − Pe = Pm − EVsin(δ)
XT + Xe

. (15)

in which E is an internal voltage of the generator, and XT and Xe are the reactance of an equivalent
transformer reactance and reactance of the transmission lines, respectively. The relation between A1

and A2 with a generation tripping scheme can be represented by (16), and the common protocols of
calculating the A2 area with the second power control scheme can be written as

A2 = A1 × P′
m

Pm
, (16)

A2 =
∫ δ3

δ2

EVsin(δ)
xT + xe

− P′
mdδ, (17)

A′
2 =

∫ δ′3

δ2

EVsin(δ)
xT + xe

− P′
mdδ +

∫ t

t−T2

Pres dt︸ ︷︷ ︸
The second power control mehtod

(18)

in which t − T2 is the start time when the second power controller impacts the VSCs. If the BTB VSCs
receive the SPS signal where a severe contingency occurs in the ac system, the corresponding Pres,
which is the maximum reserve power, is used. With the proposed scheme, the loss of mechanical output
generated by the tripping scheme is naturally smaller than (17). (18) verifies that the first damping
angle of the equivalent generators could be reduced further than the non-applied proposed operation
scheme. The main one prevents the rest from a potential loss of synchronisms where the proposed
scheme is applied. Eventually, the second control strategy can reduce the number of generator units
ordered by SPS.

4. Simulation Study with Proposed Power Control Models

To demonstrate the effect of the proposed models, two BTB VSCs are employed to evaluate
the performance of the power control structure and its impact on the behaviour of the proposed
scheme under several contingencies. A simulation was carried out on the Korea power system,
for which a diagram and candidate places for BTB VSCs are presented in Figure 7. Two places as
‘Sinkimpo-Sinpaju’ and ‘SeoSeoul-Sinsungnam’ have several instability network problems, including a
high fault current, high angle difference, voltage instability, and overload. In order to overcome the
mentioned shortcomings, KEPCO (Korea Electric Power Corporation) is considering BTB VSC systems.
The detailed system specification is represented in Table 1.

Figure 7. Simulation environment in Korea power system.
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Table 1. System parameter of BTB VSC.

Item BTB-1 BTB-2

Installation point 3300–1300 3100–4500
Rated converter 1500 MVA 1000 MVA

Equivalent impedance at BTB point 6.638 + 11.713j Ω 1.216 + j5.531 Ω
AC Terminal voltage 354 kV

DC link voltage 400 kV
System frequency 60 Hz

Active power controller gain 0.8 rad/s 0.5 rad/s
Active power controller time constant 0.02 rad/s 0.01 rad/s

Inner current controller gain 1.2 rad/s 0.8 rad/s
Inner current controller time constant 0.1 rad/s 0.2 rad/s

The result is performed against the PSS/E (Power Transmission System Planning Software) with
a sub-module written in the Python language. The limiter and assistant power controller that have a
constant time delay from communication system were also setup on sub-module program. The initial
dc power is selected to secure the maximum power-voltage margin in the ac grid, and the contingency
scenarios are shown in Figure 8.

 

Figure 8. Contingency scenarios.

The simulation setup of the BTB VSCs is at two different places, one for the N-1 contingency at the
upper place using the first power control method, and one in both places to apply the N-2 contingency
with the second power control strategy. In the N-2 contingency scenario, the SPS signal is transmitted
to both generators and BTB VSCs. To verify the difference between the value of the Pres, which is
included in different limiters as “limiter-1” and “limiter-2”; the devices were stepped with the purpose
of observing the contribution to the ac grid, as shown in Figure 9.

Figure 9. The limiter configuration in simulation study.

The limiter-1 has a small reserve capacity due to a large Pinitial or Qmax value. On the other
hand, the limiter-2 allows a large reserve capacity with a small Pinitial or Qmax value. With the
limiter-2, the BTB VSC transfers substantial active power to the fault area based on the angle difference.
The reactive restrictions of the two BTB points were all guaranteed through (11) and (12).

4.1. N-1 Contingency with the First Power Control Method of BTB VSC

(1) Scenario 1—A loss of 345 kV mono-pole scenario near the Sinsungnam (4500) bus is applied to
simulate the N-1 contingency, as shown in Figures 10a and 11a. A rise in the angel variation in the
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fault area implies a higher command of the active power in the BTB VSC. Therefore, the first damping
is mitigated at t = 2.2s, as shown in Figure 10a. This is because the converter reduces its power to
supply more active power into the fault area that is at the θx side, as shown in Figure 11a.

 
(a)                                         (b) 

Figure 10. Angle spread of ac grid, (a) left side fault (θy), and (b) right side fault (θx).

(a)                                         (b) 

Figure 11. Active power of BTB VSCs, (a) left side fault (θy), and (b) right side fault (θx).

(2) Scenario 2—Contrary to the first scenario, a loss of a 345kV mono-pole near the SeoSeoul (3100)
bus is discussed in Figures 10b and 11b. The fixed power control, illustrated in Figure 10b, has a
potentially unstable condition at t = 1.9s due to the first damping. The stabilization of this situation
requires several types of SPS to balance the power. For a VSC under the first control scheme, the first
angle damping can be mitigated, leading to a stable system. Again, given the different limiter, the bold
line as limiter-2 has a large capacity for active power compared to limiter-1. The value of Pres increased,
and the contribution to the angle stability increased. The findings from Figures 10 and 11 indicate that
a trade-off must be made between improvements in the angle stability and the economics related to
the convert sizing. Also, the power control in BTB VSC is demonstrated to contribute to the ac grid,
besides having other advantages.

In addition to the above cases and for the sake of clarity, the result of three more contingencies
using the first power control model is illustrated in Table 2. Note that each contingency made a
different angle variation, the effects of the applied proposed scheme are all different.

Table 2. The effect of the first power control scheme in other contingencies.

Contingency Num Fault Location Improvement Range of First Angle Damping

1 1550–1400 6◦
2 1350–1301 2.6◦
3 1400–1800 4.5◦
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4.2. N-2 Contingency with the First Power Control Method of BTB VSC

In Korean power systems, to satisfy the grid reliability, the SPS was triggered by the generator
tripping scheme. To verify the second power control with the SPS signal, a simulation with a loss of a
765 kV double-pole is applied in this section. During the contingency, the three generators that are
represented by Table 3 must be tripped to maintain the power balance.

Table 3. The generators’ status-receiving SPS signal.

Gen Num Gen Name Gen Capacity

25156 Hanul #6 1 GW
25157 Hanul #7 1.5 GW
25158 Hanul #8 1.5 GW

Unlike the present situation in Korean grid operation systems, the two BTB VSCs also receive the
signal of the SPS with other generators only in this scenario. The second power control model sets their
maximum power in the BTB VSC according to (13). Figure 12 represents the active power of two BTB
VSCs according to two different limiters. The fixed power control with BTB VSCs makes the power
system unstable with a two-generator tripping scheme, as in Figure 13. However, from the angle
stability analysis with a time domain simulation, this result demonstrates that using the second power
control scheme with BTB VSCs could reduce the tripped generator from three to two as shown in
Table 4, and the stability margin is adequately acquired. Through this simulation, it was demonstrated
that the BTB VSCs with SPS signal can be applied to a commensurate protection system in a large
interconnected system.

Figure 12. Active power of BTB VSCs with different Pres.

 

Figure 13. Angle spread result in an N-2 Contingency.
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Table 4. Reduced tripped generator with the second power control scheme in N-2 contingency.

Without the Second Power Control With the Second Power Control

Tripped Generators 25156; 25157; 25158 25156; 25157

5. Discussion

In the complex ac grid, the grid operators find it hard to predict when the contingencies will occur.
Furthermore, changing the control mode depending on each fault scenario is annoying. To resolve such
problems, BTB VSCs with two power control strategies are proposed in this paper, and their capability
for angle stability was sufficiently demonstrated in an unpredicted contingency. The proposed
control schemes are also able to act like a form of SPS, and depending on the contingency scenario,
the effectiveness of the proposed models can be more escalated.

6. Conclusions

The BTB VSC is commonly installed to increase the voltage stability of a weak ac grid or the
interconnection points of renewable systems. Also, it plays an apparent role in reducing the fault
current magnitude and increasing the transfer capability in the ac transmission. In this paper, however,
to maximize the advantages of embedded BTB VSCs, new power control strategies are proposed to
improve the angle stability. The novel power control models are demonstrated to easily contribute
angle stability in the ac grid with a simple assistant controller while reducing the number of tripped
generator units.
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Abstract: Recently, there have been many cases in which direct current (DC) facilities have been
placed in alternating current (AC) systems for various reasons. In particular, in Korea, studies
are being conducted to install a back-to-back (BTB) voltage-sourced converter (VSC) high-voltage
direct current (HVDC) to solve the fault current problem of the meshed system, and discussions
on how to operate it have been made accordingly. It is possible to provide grid services such as
minimizing grid loss by changing the HVDC operating point, but it also may violate reliability
standards without proper HVDC operation according to the system condition. Especially, unlike the
AC system, DC may adversely affect the AC system because the operating point does not change even
after a disturbance has occurred, so strategies to change the operating point after the contingency are
required. In this paper, a method for finding the operating point of embedded HVDC that minimizes
losses within the range of compliance with the reliability criterion is proposed. We use the Power
Transfer Distribution Factor (PTDF) to reduce the number of buses to be monitored during HVDC
control, reduce unnecessary checks, and determine the setpoints for the active/reactive power of
the HVDC through system total loss minimization (STLM) control to search for the minimum loss
point using Powell’s direct set. We also propose an algorithm to search for the operating point
that minimizes the loss automatically and solves the overload occurring in an emergency through
security-constrained loss minimization (SCLM) control. To verify the feasibility of the algorithm, we
conducted a case study using an actual Korean power system and verified the effect of systematic
loss reduction and overload relief in a contingency. The simulations are conducted by a commercial
power system analysis tool, Power System Simulator for Engineering (PSS/E).

Keywords: back-to-back HVDC; embedded HVDC; HVDC operation point; Powell’s direct set
method; system loss minimization

1. Introduction

In recent years, the electric-power industry has changed from a conventional alternating current
(AC) system to a hybrid system, in which special facilities such as high voltage direct current (HVDC)
and flexible AC transmission system (FACTS) work together. In particular, HVDC has been used
for over 50 years, mainly for asynchronous interconnection, long-distance transmission, submarine,
and underground cable transmission, etc. The most commonly used system is the line-commutated
converter (LCC) HVDC, which uses thyristor valves, but the development of voltage-sourced converter
(VSC) HVDC technology is also on the rise with the advances in power electronics technology [1–3].
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In general, HVDC is mainly used with point-to-point (PTP) type which is used for large-capacity,
long-distance transmission. These HVDCs are intended to transmit power unidirectionally between the
two regions, so no special operation strategies are required. Recently, however, small-and medium-scale
VSC HVDCs were installed in the grid to provide additional grid services in addition to unidirectional
power transmission, because of the independent control of active/reactive power and converter
switching operation of the VSC HVDC, which can provide grid services for an AC system, as shown in
Table 1 [2,4].

Table 1. Grid services of voltage-sourced converter (VSC) high voltage direct current (HVDC) for
alternating current (AC) systems.

Control and Support Grid Service

Active power control and frequency support
- Primary control or frequency containment reserves (FCR)
- Secondary control or frequency restoration reserves (FRR)
- Tertiary control or replacement reserves (RR)

Reactive power control and voltage support - Reactive power absorb/supply

Rotor angle stability-related control - Avoiding loss of synchronism
- Damping electromechanical oscillations

Other

- Power oscillation damping capability
- DC power flow control
- Black start capability
- Loss compensation
- DC transmission reserve

In particular, it is easy to provide grid services for the AC grid when embedded HVDC is installed
in the grid, where embedded HVDC is defined as “a DC link with multiple ends that are physically
connected from a single synchronous AC network. With such a connection, these connections allow
DC to perform basic functions of bulk power transmission as well as some additional control functions
within the AC network such as power flow control, voltage control, stability improvement” [5]. In other
words, embedded HVDC is mainly used for AC power flow control by active power control at both
ends of the converter, improvement of voltage stability by reactive power control, suppression of
failure propagation in the AC system, and system stability through frequency control. With the
introduction of embedded VSC HVDC, there have been various studies of embedded VSC HVDC
operation strategies as shown in [6–21]. References [6–8] are early research on the operation strategy
of the HVDC, which improves the stability of power facilities by Remedial Action Scheme (RAS).
As defined [9,10], an RAS is designed to take corrective action to maintain system reliability and provide
acceptable system performance. This operating strategy has been applied to many HVDC projects
such as Manitoba HVDC, Eastern/Western Alberta Transmission Line, and the RAS is used as the
basis of emergency control in this paper [11–16]. The operating point of HVDC should be determined
prior to these emergency controls, and most HVDCs are intended for long-distance transmission, so
the operating point is determined according to the rated capacity or N-1 failure without any special
strategy [17]. However, by changing the HVDC operating point, system total loss can be reduced, and
such studies have also been conducted. This method mainly focuses on reducing transmission loss
with Multi-Terminal DC (MTDC) [18,19], and studies on finding operating points based on objective
functions such as system loss, voltage deviation, and reliability criteria have been variously conducted
on small scale systems [20,21]. These conventional studies have the drawback such as they were
conducted in a small-scale radial system, not a large-scale meshed system; the studies manly consider
only AC loss; and there is no integrated control scheme for HVDC operation considering system
total loss.

In this paper, a method for determining the normal/contingency operation point of embedded
back-to-back (BTB) VSC HVDC is proposed. In calculating the operation point during normal conditions,
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the system total loss minimization (STLM) control to minimize total losses within the grid reliability
criterion is conducted using Powell’s direct set theory. At this time, by using the power transfer
distribution factor (PTDF), we calculate the lines that are sensitive to HVDC operation beforehand,
reduce the number of lines to be monitored, and exclude the investigation of unnecessary lines.
In addition, the security-constrained loss minimization (SCLM) control for eliminating the overloads in
N-1 contingencies operates additionally. The optimum HVDC operating point is determined by setting
the system total loss reduction as the objective function even within the operating range in which the
overload can be eliminated by a method different from the existing remedial control. This paper is
structured as follows. Section 2 describes the Korean power system briefly and provides a concept
of BTB VSC HVDC in a meshed system. The method for finding the operating point of embedded
BTB VSC HVDC is described in Section 3. Section 4 shows the simulation results of the BTB VSC
HVDC operating point decision process for the Korean power system and demonstrates the validity of
the proposed algorithm. The simulations are conducted by Power System Simulator for Engineering
(PSS/E) 33.4.0 and the optimization results are implemented in Python code.

2. System Description

2.1. Korean Power System

In South Korea, 40% of the total load is concentrated in the metropolitan area, so the system
is composed of multi-looped types for improving system stability. This system is advantageous
for most aspects of stability, but it makes the fault current problem more serious. In order to solve
the fault current problem, current limiting reactor installation, increasing circuit breakers (CB), grid
segmentation, and other suggestions have been proposed. However, none of the methods can solve
the fault current problem ultimately. Recently, as an alternative to these, a grid segmentation using
BTB HVDC has been proposed. In this aspect, fault current reduction can be cited as a criterion for
deciding on the HVDC position in the meshed power system. Currently, two long-distance HVDCs
are in operation in the Korean power system, and four HVDCs will be added in the future. One of
them is an embedded-type HVDC, which will be installed in the Seoul metropolitan area to solve the
fault current problem. Studies on the installation of BTB HVDC for resolving the fault current problem
in the metropolitan area have been actively conducted, as shown in [22,23].

2.2. Embedded BTB HVDC Siting in Meshed System

When replacing the existing AC line of the system with HVDC, the equivalent impedance of the
power system increases, and the magnitude of the fault current decreases accordingly. For short circuit
analysis, HVDC normally operates as a PQ bus at both ends for load flow calculation, whereas the
fault current mode acts as if the current source is connected to both ends as shown in Figure 1 [24].

Figure 1. HVDC fault calculation model (PQ bus mode).

The three-phase fault current is calculated as the sum of the system Thevenin impedance of the
fault point and the fault impedance formed between the fault point and the ground divided by the
voltage that was applied just before the fault occurred. In other words, it is represented by a model in
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which an open circuit voltage source having a voltage applied to a point just before a failure of a short
circuit formed at the time of failure is connected as in Equation (1):

In
f ault =

Vn
pre f ault

Zn
Th + Zn

f ault
, (1)

in which

In
f ault is a fault current at the fault point n;

Vn
pre f ault is a pre-fault voltage at the fault point n;

Zn
Th is a thevenin impedance at the fault point n; and

Zn
f ault is a fault impedance at the fault point n;

In Equation (1), Vn
pre f ault and Zn

f ault cannot be controlled arbitrarily, and when the AC line is
replaced with BTB HVDC, Zn

Th can be controlled according to the position. Studies have been conducted
to find the position of HVDC to reduce the fault current caused by the increase of Zn

Th. In this paper,
using the HVDC decision algorithm defined in [23], the HVDC placement is chosen. Although it is
possible to use the location selection criteria to reduce the fault current of the entire system or to reduce
the number of fault current exceeding points, the location of HVDC is selected based on the fault
current reduction of the most severe buses.

2.3. Proposed Control Scheme

Figure 2 briefly shows a block diagram of the BTB HVDC operating strategy proposed in this paper.
The proposed HVDC operating point decision method can be divided into two major components.
The first is the operating point in the steady state. It is the point that can minimize the loss of the entire
system within the range of the system reliability criterion. In order to minimize the system total losses,
AC voltage control at both ends of the HVDC is performed for proper reactive power output as well
as active power control. The second is the operation strategy of HVDC at the time of disturbance
occurrence. Unlike AC systems, HVDC produces a constant output regardless of system conditions
without special control. This feature can cause overloads on other branches and can also have a
detrimental effect in terms of losses, so an emergency control strategy of embedded HVDC is essential.
In case of the emergency control, the operation point is changed to the range which eliminates the
overload of the branches, and then the point is controlled to the operation point which can minimize
the total losses at that system condition.

 
Figure 2. Proposed control scheme.
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3. Determination of Embedded HVDC Operation Point

3.1. System Total-Loss Minimization (STLM) Control

In this paper, we consider the following points when determining the HVDC operating point at
steady-state. After setting the constraints on each point, the optimum operating point of the embedded
HVDC is calculated using the optimization method.

• System total-loss minimization
• Voltage criteria
• Branch overloads

3.1.1. System Total-Loss Minimization

The most important factor that affects the determination of the operating point is the minimization
of the total loss of the system. The most important advantage of VSC HVDC is independent control of
active power and reactive power, which can be used to change the direction of the system’s power
flow, leading to a change in system losses. Therefore, in this study, we decided on the operating point
that minimizes the system’s total loss within the capacity of HVDC. The system’s total loss means the
sum of the existing AC loss and HVDC loss.

Ploss,total =
∑
nl

Ploss,AC +
∑

nl,DC

(Ploss,DC + Ploss,conv)

=
∑
nl

P2
r, AC+Q2

r

V2
r,AC

, RAC +
∑

nl,DC

(
P2

r, DC

V2
r,DC

, RDC + (Pr,DC + Ps,DC),λ
) (2)

in which

Ploss,total is the system total loss;
Ploss,AC is the AC system loss;
Ploss,DC is the HVDC line loss;
Ploss,conv is the HVDC conversion loss;
Pr, AC, Pr,DC are the AC/DC line flow active powers at the receiving end;

Ps,DC is the DC line flow active powers at the sending end;

Qr is the AC line flow reactive powers at the receiving end;
Vr,AC, Vr,DC are the AC/DC voltage at the receiving end;

RAC, RDC are the resistance values of the AC/DC line; and
λ is the loss rate of the converter.

The VSC DC losses have been decreasing over the years because of the application of Modular
Multi-Level Converter (MMC) topology and optimization of switching logic. For example, the HVDC
VSC loss of the fourth-generation technology is now comparable with the HVDC LCC (“Classic”)
technology [25,26]. In this paper, conversion loss is considered to be 0.9% of the active power setpoint
per converter, but the value of the technology can be lowered according to development.

In addition, since BTB HVDC has no line loss, the DC related losses did not include the DC line
loss, but only the conversion loss of the converter, which has a big influence on the loss reduction of the
entire system. Therefore, Equation (2) is simplified as in Equation (3), and from the viewpoint of loss
reduction, the conversion loss of BTB HVDC can greatly influence the numerical value of the entire
system. At this time, since the converter and the inverter are at the same position, it is assumed that
Pr,DC = Ps,DC.

Minimize Ploss,total =
∑
nl

P2
r, AC + Q2

r

V2
r,AC

, RAC +
∑
nl,DC

2, Pr,DC,λ. (3)
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3.1.2. Voltage Criteria

The active/reactive power control of the BTB VSC HVDC can have a significant effect on the
voltage of the near buses. Generally, embedded HVDC operates in AC voltage control mode. However,
in this paper, we decided on the proper operating point in the reactive power setpoint control mode to
maximize loss reduction and operate in AC voltage control mode to maintain the operating point.

Vi ≤ Vi ≤ Vi (4)

in which

Vi, Vi is the minimum/maximum voltage at bus i; and

Vi is voltage at bus i.

3.1.3. Line Overload

The active/reactive power control of HVDC also affects the power flow of nearby lines. In this
paper, we restrict the operation of BTB VSC HVDC so that overloads do not occur on other lines in the
steady state.

Fline,l ≤ Fline,l ≤ Fline,l (5)

in which

Fline,l, Fline,l is the minimum/maximum power flow on line l; and

Fline,l is power flow on line l.

The change of the BTB VSC HVDC operating point has a significant effect on some lines, but not
all lines. Monitoring the overload of all the lines depending on the system conditions is a burden of
communication. Therefore, it is necessary not to observe all the lines, but to find lines that are sensitive
to the operation of the HVDC. At this time, the bus lines to be observed are chosen using the PTDF
described in [27–29]. PTDF is an index of line sensitivity based on the DC power flow model, and it is
easy to analyze system reconfiguration and installation of DC facilities. When the power to the specific
bus changes, it is possible to determine the sensitivity of the lines by indicating the influence of the
power flow change on the lines. The PTDF is expressed as shown in Equation (6).

ϕl
m =

ΔFl
ΔPm

(6)

in which

ϕl
m is the PTDF of line l with respect to bus m;

ΔFl is the amount of the power flow change in line l; and
ΔPm is the amount of the power change injected for bus m.

The AC line sensitivity caused by HVDC can be represented by the PTDF values at both ends and
capacity of the HVDC as shown in Figure 3. For the HVDC operation, PTDF values at both ends of the
HVDC are similar for the AC lines where the power change is not large (low sensitivity); and in the
opposite case, the difference between the PTDF values is large, and the result of Equation (7) is large
too. Equation (7) is obtained by multiplying the difference of the PTDF values at the end of the HVDC
for any AC line by the capacity of the HVDC, and it predicts the maximum value that can be reached
in the AC line when the operation of the HVDC is maximized. The obtained value can be compared
with the reference value of each line to decide whether to consider the AC line in the monitoring line
or not. The reference value is obtained by weighting the capacity of each line as shown in Equation
(8). In Equation (8), W affects the number of monitoring lines. The larger the W value, the smaller
the number of monitoring lines, and the smaller the value of W, the larger the number of monitoring
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lines. Therefore, even when the W value is large, the branches determined as the monitoring line can
be regarded as a line that is highly influenced by the HVDC operation. On the contrary, when W is
controlled to a lower value, relatively less sensitive lines are considered as monitoring branches, so that
it is possible to operate the system in detail, but it can be a heavy burden for HVDC operators. The
system operator should carefully determine the W value according to the purpose and convenience.

Figure 3. Power flow change caused by back-to-back (BTB) HVDC active power operation.

Ml
normal = 2 · Pcap,

(
ϕl

rec −ϕl
inv

)
, (7)

Ml
re f = Sl

MVA ×W, (8)

i f Ml
normal ≥ Ml

re f : Choose line l as monitoring line, (9)

ΔFline,l is the power flow change of line l by HVDC control
Ml

normal is the maximum variation of line l;

Ml
re f is the reference value of line l;

Pcap is the active power capacity of the HVDC;
ϕl

rec is the PTDF of line l with respect to the rectifier end;
ϕl

inv is the PTDF of line l with respect to the inverter end;

Sl
MVA is the capacity of line l; and

W is a weighting factor.

The monitoring lines determined using the PTDF should consider both normal and contingency
conditions. Especially, in contingency, when the line is tripped after the accident, PTDF is calculated
again, because the system topology changed. Therefore, it is necessary to pre-calculate the PTDF after
the line is tripped for the main contingencies, and the sensitive lines should also be determined as the
monitoring line.

3.1.4. Application of Three-Dimensional Powell’s Direct Set (3-PDS)

The operating point of the BTB VSC HVDC is found from the minimization of the total loss
(Equation (3)), the voltage reference (Equation (4)), and the thermal limit (Equation (5)) as described
above. In this paper, Powell Direct Set (PDS) theory was used in an optimization method to find
the operating point [30]. The PDS method can directly search for optimum point, instead of using
differential, and obtains the optimization point using its direction. Therefore, it is easy to apply and is
not restricted by whether it can be differentiated [31,32].

Especially, VSC HVDC uses three-dimensional PDS because it has three controllable elements:
{P, Qrec, Qrec}, that are independent of each other. In order to find the three-dimensional minimum
point, we tried to find the operating point decision point of HVDC more easily by using 3-PDS instead
of finding the differentiation point. The main steps to determine the point of operation using the 3-PDS
method are shown as follows.

1. Set the initial point S(1)
0 and the independent directions used for initial searching ε. We set the

values as S(1)
0 = (0, 00), ε = { P → ,

→
Qrec,

→
Qinv}.
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2. A conjugate direction should be generated within each iteration.

- Starting from S(k)
0 (k is the iteration number), sequentially search the directions in ε by

finding the minimum.

Min Fobj

(
S(k)

i

)
= Fobj

(
S(k)

i−1 + δΔε
)
, (10)

where δ is the step size.

- A conjugate direction ε(k)conju. is generated after searching down by

ε
(k)
conju. = S(k)

i − S(k)
0 . (11)

3. Update the search direction ε by adding directions ε(k)conju. to ε and replace the other direction. It is

common to replace the first direction with a new ε(k)conju., but in this application, since the control
of active power is much more influential than the control of reactive power in loss reduction,
so the direction of active power ( P → ) is left and the new direction is updated. We can get
ε = { P → , ε(k)conju., ε

(k+1)
conju.}.

4. Find the new optimal operation point S(k+1)
0 .

5. Convergence check.

3.1.5. HVDC Operating Point with STLM Control

In this paper, the optimum operating point of HVDC is calculated by using Equations (4)–(9) as
the constraint condition and Equation (3) as the objective function. Using the STLM control, we can
establish the active/reactive power operation point of HVDC that minimizes total system loss by using
the algorithm of Figure 4 and, in contingencies, apply other control strategies. The explanation of
Figure 4 as follows.

1. The initial active/reactive power operation range is set with reference to the HVDC capacity.
2. The number of branches to be monitored could be reduced using PTDF. These represent branches

where the amount of power flow varies greatly with HVDC operating point (Section 3.1.3).
3. The operating area should be adjusted so as not to deviate from the constraints. In the later

operating point determination process, the operating range set here should not be exceeded.
4. The operation point that minimizes the system total loss is determined using the PDS. The

active/reactive power output determined in this process are respectively input into the active
power set value and the AC voltage set value.

3.2. Security-Constrained Loss Minimization (SCLM) Control

When a disturbance occurs in the system, line and transformer overloads occur in the system.
In order to eliminate the overloads, it is necessary to control the operating point of the HVDC, which is
called a “security-constrained loss minimization (SCLM) control.” The action is as follows.

1. BTB VSC HVDC normally operates with the operating point calculated in Section 3.1.
2. In the event of a contingency, it detects the overloads of the other line and calculates the operation

range where the overload of the line can be eliminated.
3. Within the previously determined operating area, a new operating point is calculated that

minimizes losses and maintains system reliability.
4. At this time, it is necessary to check whether the other lines are overloaded at the determined

operating point. If there are overloads of other lines, an optimum operating point should be
found in the operating area where the overloads of the line are eliminated.

Figure 5 shows an algorithm of the SCLM control in the event of a contingency.
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Figure 4. Algorithm of the system total loss minimization (STLM) control.

 
Figure 5. Algorithm of the security-constrained loss minimization (SCLM) control.

4. Case Study

4.1. System Information

For case studies, we used the Korean metropolitan power system in 2021, the features of which
are as follows.
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• The load in the metropolitan area is about 40% of the total load, and a large amount of power is
supplied from the non-metropolitan area.

• In order to improve the system stability, it is configured as a looped system, and thereby the
problem of fault current is serious.

• The 154kV Yangju bus (1410) will be separated and connected to VSC BTB HVDC to solve the
fault current problems in the metropolitan area and to improve system stability.

• Detailed information on the system is shown in Table 2; detailed specifications and system
configuration of HVDC are shown in Table 3 and Figure 6.

Table 2. System information.

Item Information

Case data Korea Power System (2021)
System total generation 98,771.0 MW

System total load 97,200.8 MW
Nominal frequency 60 Hz

Voltage limit
(Steady state)

Base 345 kV 0.95~1.05 p.u.
Base 154 kV 0.90~1.10 p.u.

Voltage limit
(Transient state)

Base 345 kV 0.90~1.05 p.u.
Base 154 kV 0.90~1.10 p.u.

Branch Overload limit
(Steady state) Branch 100%

Branch Overload limit
(Transient)

Line 120%
Transformer 100%

Table 3. Specification of BTB VSC HVDC.

Specification BTB VSC HVDC

Site 1410–1411
Active power capacity 200 × 2 MW

Reactive power capacity 100 × 2 MVAR
MVA rating 224 × 2 MVA

AC terminal voltage 154 kV
DC voltage 100 kV

Configuration Double monopole
Conversion loss 1.8% of active power

AC voltage setpoint Depend on the system condition

 
Figure 6. BTB siting in the Korean metropolitan area (1411–1410).
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4.2. BTB VSC HVDC Siting for Fault Current Reduction

The site of the BTB VSC HVDC is selected to solve the fault current problem in the Korean
metropolitan area and its effect is shown in Table 4. With the BTB VSC HVDC, there is only one bus,
bus 1200, at which the fault current is above the 50 kA limit, whereas without the BTB VSC HVDC,
there are multiple buses at which fault currents are above the 50 kA limit. The benefit of the BTB VSC
HVDC for reducing the fault current is demonstrated.

Table 4. Fault current comparison with/without HVDC [kA].

Bus
Number

Base kV
With

HVDC
Without
HVDC

Bus
Number

Base kV
With

HVDC
Without
HVDC

1200 345 54.8899 55.0129 1810 154 48.2441 53.2228
1400 345 48.2340 50.1957 1811 154 47.7596 52.6257
1410 154 49.7672 65.5842 1865 154 46.2224 51.5447
1411 154 25.7956 65.5842 1870 154 47.0455 52.7775
1475 154 46.1315 51.8724 1895 154 47.1782 53.1212
1490 154 46.2564 52.0078 1955 154 44.5498 50.1641

4.3. STLM Strategy in Normal Condition

Before determining the operating point in normal operation, Equations (7)–(9) were applied to
reduce the number of observed branches to be considered in the overload constraint. The active
power capacity Pcap is 400 MW, weighting factor W is 0.3, and other necessary values were applied
using Korean power system data. The monitoring branches determined using Equations (7)–(9) are in
Appendix A.

To apply the STLM strategy, the initial conditions must be found. The initial conditions of this
case study are as follows.

• Initial operating point S(1)
0 : (0, 0, 0),

• Independent directions used for initial searching ε = {→P,
→

Qrec,
→

Qinv},
• Step size δ = 1.

The loss reduction from the operating point found by using the STLM can be seen in Tables 5 and 6.
For the case when the HVDC is in operation, we compared the losses for (1) the case where the STLM
strategy is applied and (2) the case where the operating condition is applied to the amount of power
flow in the existing AC line without applying the STLM. The HVDC operating point in the case of
“with HVDC (AC flow)” does not have a special strategy, and the operating point is determined based
on the power flow through the AC line when there is no HVDC (when connected to the AC line
instead of the separation between buses). More than 400 MW of power flowed to the AC line before
the bus separation, and 200 MW × 2 was selected as the operation point according to the HVDC rating
limit. When the STLM is applied, the system losses are the least and the technology of the conversion
loss of the converter further develops, and the economy caused by the reduction of the loss can be
improved. Additionally, at the operating point obtained by applying the STLM strategy, there are no
overload lines, and the maximum/minimum voltage of the system is 1.060/0.984 at the 154 kV level, and
1.039/0.995 at the 345 kV level. These values meet the system overload and voltage criteria described in
Table 2.

Table 5. HVDC setpoint using the STLM control.

P (1410→ 1411) AC Voltage (Rectifier) AC Voltage (Inverter)

Setpoint 131 × 2 MW
1.048 kV 1.039 kV

(Supply 95.31 MVAR) (Supply 3.80 MVAR)
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Table 6. Comparison of system losses by operating method.

Losses
With HVDC

(STLM Control)
With HVDC
(AC Flow)

Without HVDC

AC system losses 1564.38 MW 1578.10 MW 1571.16 MW
DC system losses 4.72 MW 7.20 MW -

Total losses 1569.10 MW 1585.30 MW 1571.16 MW

4.4. SCLM Control in Transient Condition

An example of the SCLM control for an overload condition that causes N-1 failures in a given
system is shown. The transformer overload (over 100%) and the line overload (over 120%) are shown
as examples. The simulation proceeds as shown in Figure 7. A fault occurred in 1 s; after six cycles
(0.1 s) clear fault, trip line; six cycles later, the HVDC operating point was changed for branch overloads.
In this process, fast operation is required to solve the thermal limit, so only active power control is used
and the AC voltage control setpoint does not change. In addition, the operation point was changed
again for loss minimization after 1 s from the failure occurrence.

Figure 7. Simulation proceeds for SCLM control.

In order to verify the effect of the SCLM control, this paper compares the results of conventional
control, RAS control, and the proposed control. In conventional control, regardless of the disturbance,
the active power and AC voltage setpoint of the HVDC are constant [33]. Therefore, it may not
respond to disturbance, and overload and overvoltage may occur. In this case, the overload condition
is maintained, and the transformer is in trouble. In the RAS control, as in the literature reviews,
the operating point of the HVDC changes for system stabilization [6–16]. Using the control, the system
instability is solved by the active power control, but the AC voltage setpoint is constant without control.
Similar to RAS control, the SCLM control solves the overload problem with active power change,
and then uses the STLM control to determine the operating point after a contingency. In this case,
the operation point is changed first, and in the SCLM control considering the loss minimization, it can
be confirmed that the operation point is changed secondarily.

4.4.1. Transformer Overload (100%) Case

When a 1400–1800 2CKT contingency occurs, the overload of the transformer will be 112.51%.
At this time, the overload is solved by using SCLM control, and then the operating point for loss
minimization is found. The change in the operating point of the HVDC after the SCLM control and the
result of the system control are shown in Tables 7 and 8 and Figures 8–11. As in the previous STLM
control, after SCLM control, there are no overload lines, and the maximum/minimum voltage of the
system is 1.059/0.984 at the 154 kV level, and 1.038/0.933 at the 345 kV level, which also meets the
voltage criterion in Table 2.
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Table 7. HVDC setpoint change using the SCLM control for the transformer overload.

Control Mode P (1410→ 1411) AC Voltage (Rectifier) AC Voltage (Inverter)

Normal operation
(STLM control) 131 × 2 MW

1.048 kV 1.039 kV
(Supply 95.31 MVAR) (Supply 3.80 MVAR)

SCLM control 17 × 2 MW
1.019 kV 1.048 kV

(Supply 82.83 MVAR) (Supply 72.70 MVAR)

Table 8. Comparison of system losses by operating change (transformer overload case).

Normal Operation Conventional Control RAS Control SCLM Control

AC system losses 1564.38 MW 1583.92 MW 1587.21 MW 1585.80 MW

DC system losses 4.72 MW 4.72 MW 0.86 MW 0.61 MW

Total losses 1569.10 MW 1587.64 MW 1588.07 MW 1586.41 MW

% Loading 66.02% 110.44%
(Security violated) 98.08% 96.41%

Figure 8. Active power operation change in the transformer overload case.

Figure 9. Reactive power operation change in the transformer overload case at the rectifier end.
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Figure 10. Reactive power operation change in the transformer overload case at the inverter end.

Figure 11. Comparison of HVDC control for overload mitigation in the transformer overload case.

4.4.2. Line Overload (120%) Case

When a 1395–1415 1CKT contingency occurs, the overload of the remaining line will be 123.42%.
Like the previous case, the overload is solved through the SCLM control, and then the operating
point for minimum loss is determined. The change in the operating point of the HVDC after the
SCLM control and the result of the system control are shown in Tables 9 and 10 and Figures 12–15.
Additionally, in this case, there are no overload lines, and the maximum/minimum voltage of the
system is 1.059/0.984 at the 154 kV level, and 1.039/0.994 at the 345 kV level, which also meets the
voltage criterion in Table 2.

Table 9. HVDC setpoint change using the SCLM control for line overload.

Control Mode P (1410→1411) AC Voltage (Rectifier) AC Voltage (Inverter)

Normal operation
(STLM control) 131 × 2 MW

1.048 kV 1.039 kV
(Supply 95.31 MVAR) (Supply 3.80 MVAR)

SCLM control 184 × 2 MW
1.035 kV 1.042 kV

(Absorb 2.34 MVAR) (Supply 79.86 MVAR)
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Table 10. Comparison of system losses by operating change (line overload case).

Normal Operation Conventional Control RAS Control SCLM Control

AC system losses 1564.38 MW 1575.28 MW 1573.28 MW 1568.02 MW

DC system losses 4.72 MW 4.72 MW 7.20 MW 6.62 MW

Total losses 1569.10 MW 1580.00 MW 1580.48 MW 1574.64 MW

% Loading 62.98% 122.27%
(Security violated) 116.17% 119.08%

Figure 12. Active power operation change in the line overload case.

Figure 13. Reactive power operation change in the line overload case at the rectifier end.
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Figure 14. Reactive power operation change in the line overload case at the inverter end.

Figure 15. Comparison of HVDC control for overload mitigation in the line overload case.

4.4.3. Comparison of Simulation Results

As shown in Figures 8 and 12, in the conventional control, the HVDC system is controlled to
sustain the constant power output, but when the RAS or the SCLM control is applied, the active
power setpoint is changed to mitigate the overload. The reason why the active power is changed
again after 2 s in the SCLM control is that the operating point is changed to minimize the system total
loss within the operating range where the overload is mitigated. Additionally, Figure 9, Figure 10,
Figure 13, and Figure 14 show the reactive power change at both ends of HVDC. In the conventional
control and RAS control, the converters control the reactive power output to sustain the AC voltage
setpoint in the pre-contingency condition, and the reactive power output fluctuated according to the
system conditions. On the other hand, in the SCLM control, the reactive power output of HVDC for
minimizing the system total loss is calculated and changed after 2 s. Accordingly, the total loss is 1.66
and 5.84 MW lower, respectively, compared to the RAS results as expressed in Tables 8 and 10.

Comparisons of overload changes for each case can be seen in Figures 11 and 15. In terms of the
overload criteria, the load of the SCLM control is lower than that of RAS control in Figure 11, whereas
the load of RAS control is lower than that of the SCLM control in Figure 15. In the SCLM control, since
the operating point is determined to minimize the loss within the operating range for relieving the
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overload, the line load can be high, but it does not exceed the overload limit, so it is not a problem in
terms of reliability.

5. Conclusions

This paper proposes a methodology for determining the operating point of embedded HVDC
considering system losses and reliability criterion. In order to verify the effectiveness of the proposed
control, we applied the methodology to the Korean power system, as a result, we proved that embedded
BTB VSC HVDC can provide more efficient grid service for the AC system as follows.

• In normal operation, the system loss is reduced by about 16 MW in the STLM control. This is 1%
of the total loss, but an economic benefit can be gained during the lifetime of HVDC. Although we
did not perform a detailed economic assessment, it is possible to obtain a loss reduction effect of
about 85 million dollars a year considering energy charge and demand charge.

• There are about 180 branches in the zone with HVDC. Using sensitivity analysis, the number of
monitoring branches can be reduced to 14 lines and three transformers.

• If a disturbance occurs in the AC system and there is no appropriate HVDC control accordingly,
HVDC may adversely affect the AC system. Using the SCLM control, not only overload and
overvoltage problems are solved, but also the system loss is reduced, which is advantageous in
economy and reliability.

The proposed scheme can be operated well in a real system if a large-enough communication
system like Supervisory control and data acquisition (SCADA) is applied. It is possible to reduce the
communication burden by reducing the number of monitoring lines by precomputing the line that is
greatly influenced by the HVDC control. Future research will need to be done on the overall embedded
VSC HVDC operation strategy, not limited to the active/reactive power control, but considering all the
other grid services it can provide.
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Appendix A

Table A1. Monitoring branches for HVDC operation.

1310–1340 1340–1825 1360–1945 1361–1945 1411–1495 1411–1925
1495–1690 1690–1945 1825–1890 1865–1870 1890–1935 1925–1931
1931–1940 1935–1940 1360 M.Tr 1361 M.Tr 1410 M.Tr
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Abstract: A modular multilevel converter based high-voltage DC (MMC-HVDC) system has been
the most promising topology for HVDC. A reclosing scheme is usually configured because temporary
faults often occur on transmission lines especially when overhead lines are used, which often brings
about an overcurrent problem. In this paper, a new fault current limiter (FCL) based on reclosing
current limiting resistance (RCLR) is proposed to solve the overcurrent problem during the reclosing
process. Firstly, a mesh current method (MCM) based short-circuit current calculation method is
newly proposed to solve the fault current calculation of a loop MMC-HVDC grid. Then the method to
calculate the RCLR is proposed based on the arm current to limit the arm currents to a specified value
during the reclosing process. Finally, a three-terminal loop MMC-HVDC test grid is constructed in
the widely used electromagnetic transient simulation software PSCAD/EMTDC and the simulations
prove the effectiveness of the proposed strategy.

Keywords: modular multilevel converter (MMC); reclosing process; fault current limiter (FCL);
short-circuit current calculation; reclosing current limiting resistance (RCLR)

1. Introduction

The modular multilevel converter (MMC), a new type of voltage source converter (VSC), has many
advantages over the traditional two or three level topology, such as better harmonic performance,
low switching frequency, etc. This advanced technology is envisioned as the most promising option
for the integration of renewable energy sources and has been widely investigated in recent years [1–3].
In China, an MMC-HVDC grid usually uses overhead lines because large-scale renewable energy bases
are generally far from load centers, as it makes the fault ride-through of MMC-HVDC grid become
more thorny [4].

Currently, the half-bridge sub-module (HBSM) is the main topology of a practical MMC-HVDC
grid because of better economy [5]. When a short-circuit fault occurs on the DC line, very large fault
currents will be caused in the DC lines and converters [6]. Since temporary faults often occur on
overhead lines, MMC-HVDC needs reclosing to improve the reliability and continuity of the power
supply [7]. Consequently, the vulnerable power electronic elements in the converter will be exposed to
overcurrent again when the system attempts to reclose a permanent fault.

The suppression of overcurrent mainly depends on an effective fault current limiter (FCL).
Reference [8] limited the overcurrent in HVDC lines by a current limiting inductor (CLI) and studied the
impact of different sizes on current rise. Reference [9,10] studied the performance of a superconducting
fault current limiter (SFCL) and concluded that the appropriated SFCL can reduce the fault current
peak, the size of the CLI and also the fault identification time. Reference [11] presented a solid state
FCL in a VSC-HVDC system with MMC converters, but the detailed structure and the configuration
method were not clear. Reference [12,13] both proposed a resistive DC fault current limiter. The limiter
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was installed in each arm or at the outlet of the converter to increase the damping performance of the
DC fault current loop and effectively limit the dc-side current, and then interrupt the fault circuit by a
breaker. Reference [14] proposed a RL-FCL which is composed of a reactor, a resistor, a reversed diode
and an IGBT connected in parallel to limit the overcurrent and the overvoltage. The aforementioned
references mainly focused on the overcurrent limiting when the fault occurred but did not conduct
further research on the post-fault and the reclosing process.

There has been little research on reclosing process, especially for MMC-HVDC. Reference [15]
used two thyristors in parallel with the sub-modules to realize fault clearance and automatic recovery,
but the converter must be blocked for a long time when reclosing a permanent fault. Reference [16]
used series braking resistance (SBR) cooperating with a high-temperature superconducting FCL to
reduce the fault currents during reclosing, but it did not illustrate how to select the parameter of the
SBR. A soft reclosing model (SRM) is proposed in Reference [17] to limit the reclosing over-current of
VSC-MTDC. However, the current calculation in this reference is made on the assumption that the
voltage discharge voltage remains constant and neglects the restriction of the safety of the equipment.
Overcurrent suppression during the reclosing process of MMC-HVDC needs further research.

This paper focuses on the suppression of overcurrent for overhead lines based MMC-HVDC grid
during the reclosing process. First, mesh current method (MCM) based short-circuit current calculation
is introduced to a loop MMC-HVDC grid. Then a novel FCL, which consists of a CLI, a reclosing
current limiting resistance (RCLR) and a bypass switch, is proposed. Compared with traditional FCL,
the proposed circuit can limit the maximum arm currents to a specified value during the reclosing
process, and the calculation method of RCLR is also given in details.

2. Fault Current Calculation of a Loop MMC-HVDC Grid

2.1. Characteristics of a Pole-to-Pole Fault

A common three-phase MMC is shown in Figure 1. It is composed of six arms and each arm
consists of N sub-modules (SMs) connected in series and an arm inductor L0. Each SM includes two
insulated gate bipolar transistors (IGBTs), two diodes and a DC capacitor C0. If the SM is ‘ON’ state,
the output of SM is the dc capacitor voltage. When the SM is ‘OFF’ state, the output of SM is zero.
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Figure 1. Fault current path of a pole-to-pole fault before converter blocking.
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The pole-to-pole fault is the most serious fault in the DC side of MMC-HVDC. The fault process
can be divided into two stages according to whether the converter is blocked [18].

Before the converter is blocked, the arm current is shown in Figure 1. During this stage, all the
capacitors of SMs in ‘ON’ state will discharge through T1 immediately (the red line), and thus the
currents in the arms and DC lines increase extremely fast. For the AC system, the fault is equivalent to
a three-phase short-circuit. So, the AC system also injects short-circuit currents (the blue line) during
this stage, whereas they are not capable of flowing into the DC lines, because their contributions sum
to zero in the converter. The arm current is a superposition of the discharging current and three-phase
short-circuit current. Due to the sorting algorithm within the converter, there are always N SMs being
switched in thus all the SMs will discharge during the fault. Given to the high control frequency,
the SMs in the upper and the lower arm can be regarded as discharging at the same time. Therefore,
the equivalent circuit of the converter during this stage is displayed as Figure 2.

2L0

2R0

2L0

2R0

C0 /N C0 /N
6C0 /N

2L0 /3

2R0 /3

 

Figure 2. Equivalent circuit of the converter under a pole-to-pole fault before converter blocking.

If the arm current in any arm exceeds the threshold of overcurrent protection of SM, the converter
will be blocked immediately. The fault process after blocking can be further divided into two sub-stages.
The first one is inductor free-wheeling circuit as is shown in Figure 3a. The fault currents are maintained
by the arm inductor. At this stage, each arm still carries a third of the DC line current, and no AC
currents are injected in DC line.

(a) (b)  
Figure 3. The fault response after converter blocking: (a) free-wheeling; (b) uncontrolled rectifier.

The stage of inductor free-wheeling will end when the inductor free-wheeling current decrease to
zero. Then the converter starts to act as an uncontrolled rectifier as Figure 3b. At this stage, the fault
currents in the DC lines are fed by the AC system. Generally, the protection time in MMC-HVDC grid
is within 5 ms after the fault occurrence [19], so this stage of the uncontrolled rectifier seldom occurs in
practical system.
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2.2. Short-Circuit Current Calculation Method

The short-circuit current calculation of a loop MMC-HVDC is different from that of a two-terminal
MMC-HVDC or a star join multi terminal DC grid as the fault current of the latter can be calculated
separately. For a loop MMC-HVDC, as displayed in Figure 4, all the converters inject fault
current through different lines to the fault spot, and the currents from different converters cause
coupling problem.
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Figure 4. The diagram of the three-terminal loop modular multilevel converter based high-voltage DC
(MMC-HVDC) grid.

To handle the current coupling problem, the mesh current method (MCM) is first introduced to a
short-circuit current calculation of MMC-HVDC grid before the converters are blocking. For example,
when there is a pole-to-pole fault at the DC outlet of MMC1, the whole grid can be divided into four
meshes. The equivalent circuit is illustrated in Figure 5. Li, Ci and Ri represent the equivalent circuit of
the converter, rij and lij represent the DC overhead lines and Lij is CLI. According to the four meshes,
a state equation can be established as Equations (1) and (2). Then the current in different lines can
be calculated.
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Figure 5. The equivalent circuit of SMs discharging under pole-to-pole fault.

3. Operation Principle of the Reclosing Current Limiting Resistance based Fault Current Limiter

3.1. The Operation Principle of the Fault Current Limiter

The CLI is an effective and mature device to limit fault currents in the MMC-HVDC grid, but
it can’t further reduce the overcurrent stresses on the power electronic elements in the converter in
the reclosing process. Therefore, an additional circuit, which is composed of an RCLR and a parallel
switch, is proposed based on the traditional CLI, as shown in the dotted line box of Figure 6.

CLI RCLR

Bypass switch

DCCB
CLI RCLRRCLR

BypBB ass switci hhh

Figure 6. The structure of the proposed current fault limiter.

Similar to an AC system, the fault ride-through of an overhead lines based MMC-HVDC grid
needs two or three reclosing attempts to determine whether the fault is temporary. Figure 7 shows
the sequence of fault ride-through when reclosing a permanent fault. The fault starts at the instant
of t0, and the DCCB on the faulty line will be tripped at tr1 after the protection identification time of
Δtc. During the deionization time of Δtd, the bypass switch is opened, and thus the RCLR is inserted
into the fault loop. The DCCB is reclosed at tp1 and tripped again at tr2 after detecting there is still a
fault. By using the RCLR, the overcurrent stresses on powering electronic elements can be reduced
significantly, and the converter can keep continuous operation. The same reclosing process will be
done at tp2 and tr2. At last, the DCCB will never be reclosed after the identification of a permanent
fault. The bypass switch is opened at tR2 and waits for the next operation command.

t0 tp1 tr1 tp2 tr2

Δtc

tp3

Δtd Δtc
Δtd Δtc

tR1 tR2

Figure 7. The sequence of fault ride-through when reclosing a permanent fault.
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3.2. The Calculation Method of RCLR

There are two main electric elements in the proposed FCL. The main function of CLI is to limit
the rise rate of fault currents and ensure the reliable operation of the DCCB, while that of the RCLR
is to reduce the overcurrent in the converter during reclosing. Extensive papers have studied the
calculation method of the CLI in MMC-HVDC grid [8,20–22], so it will not be discussed in this paper.
The main contribution of this paper is to propose a novel calculation method of RCLR, which can limit
the arm currents to a specified value. According to the aforementioned analysis, the constraint of the
RCLR is denoted by Equation (3). Imax represents the maximum value of arm current during reclosing,
Ith represents the threshold of SMs overcurrent protection, and k is ratio coefficient which denotes the
limiting level of fault currents.

Imax ≤ k× Ith (3)

By using the RCLR, only SMs discharging will appear during reclosing, whereas it is difficult
to describe the accurate relations between arm currents and RCLR through mathematical equations.
In order to solve this problem, a method of estimating the maximum arm current is proposed. The FCL
reduces the discharging speed of the SMs significantly during reclosing, so the AC output can be
considered still under control within the several milliseconds after fault. If the circulating currents in
the arm are neglected, the maximum current in the arm is approximately equal to Equation (4)

Iarm =
iac

2
+

1
3

∣∣∣idc(Δtc)
∣∣∣ (4)

where iac is the amplitude of phase current in the AC side of converter, idc represents the current
measured at positive pole of the converter shown in Figure 1, and the Δtc is protection time from
reclosing time to the trip time of the DCCB. By substituting (4) into (3), the following inequality can
be obtained as Equation (5). Define the value satisfying the equation condition of (5) as the critical
resistance R0.

iac

2
+

1
3

∣∣∣idc(Δtc)
∣∣∣ ≤ k× Ith (5)

4. Simulation

4.1. The Test System

A three-terminal MMC-HVDC grid, shown in Figure 4, is modeled based on PSCAD/EMTDC
simulation platform. The system adopts the symmetric monopole configuration with a rated DC
voltage of ±20 kV. All the converters are connected by bipolar transmission lines which make use of
a frequency-dependent distributed parameter model, and a hybrid DCCB and a FCL are placed at
the terminal of each line. MMC1 and MMC3 control the active power, while MMC2 controls the DC
voltage. The detailed parameters of the test system are shown in Table 1. Other simulation parameters
are set as follows: the protection time Δtc is 5 ms; the deionization time Δtd is 150 ms; the threshold of
SMs overcurrent protection Ith is 2 kA; the CLI on each line is 15 mH. Moreover, the converter will be
blocked after the fault current declines to 10 A.

Table 1. The parameters of the test system.

Quantity Value

AC line voltage 10 kV
Fundamental frequency 50 Hz
Number of SMs per arm 20

SM capacitor 6000 μF
Arm reactor 15 mH

Arm resistance 0.1 Ω
Transformer leakage reactance 0.1
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4.2. The Validation of the FCL

For the test system, a pole-to-pole fault F1 is applied at the DC outlet of MMC1. The overcurrent
in MMC1 is the most serious, and thus it will be taken as the example for simulation. When the RCLR
R12 is configured, the equivalent circuit in Figure 4 is modified as Figure 8 and Equation (1) is modified
as Equation (6). The upper and lower limitation of the RCLR are set to 0 and 15 Ω, respectively, and the
calculation step is 0.1 Ω.
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Figure 8. The equivalent circuit of SMs discharging with reclosing current limiting resistance (RCLR).
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(6)

By solving (2) and (6), the relation between the maximum arm current and the critical resistance
R0 of FCL can be obtained, as shown in Figure 9.
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Figure 9. The maximum calculated arm currents with the different RCLR.
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Take k = 1, k = 0.9 and k = 0.8 for examples to verify the effectiveness of the proposed calculation
method. Figure 10 shows the DC currents on the faulty line where ‘k = ×’ means without RCLR
(only using the CLI). Figure 11 shows the arm currents in MMC1 under different current limiting levels.
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Figure 10. MMC1 DC fault current in line12.
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Figure 11. Arm current and blocking signal without RCLR.

As is observed in Figures 10 and 11, serious overcurrent still exists without RCLR during reclosing,
and the converter is blocked again when reclosing the DCCB leading to the interruption of power
flow for a long time. However, by using the proposed RCLR, the fault currents in both the faulty line
and converter will be reduced significantly during reclosing, and the converter can keep continuous
operation without blocking. As it is observed in Figure 12, the maximum value of arm current under
different current limiting level is close to but less than the specified value and the converters are
not blocked during the reclosing process. The proposed method can meet the overcurrent limiting
requirement with a lower resistance value proving the calculation method is accurate and effective.
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Figure 12. Arm current and blocking signal with RCLR.

5. Discussion

There has been wide research on the fault current limiter (FCL), such as the current limiting
inductor (CLI), superconducting fault current limiter (SFCL), Solid State FCL and resistive fault current
limiter. All the limiters will work when the fault occurs to limit the current to a lower amplitude
and then break the fault circuit. For CLI, it is capable of limiting the overcurrent rise, but too many
inductors in the DC grid will influence the transient response, stability and the speed for DCCB
interrupting the fault current. Moreover, a large value inductor will bring large size and manufacturing
burdens. For SFCL, it can reduce the fault current peak and the size of CLI, but it costs too much.
A solid state FCL can interrupt the DC fault current very quickly in even hundreds of microseconds
but the extra large amount of power electronic components bring much conduction loss. Resistive fault
current limiter usually aims to accelerate the process of fault current decaying and is often activated by
electronic switches but neglects the high voltage exerted on the electronic components at the switching.
The above current limiting strategies all mean to limit the current to some level making the DCCB or
other breakers to interrupt the fault current more quickly and easily. None of them pay attention to the
post-fault process.

Research on the current limiting during the reclosing process for MMC-HVDC is really rare.
Reclosing is necessary for an MMC-HVDC system to determine whether the fault is temporary or
permanent. For a permanent pole-to-pole fault, the arm will undergo overcurrent again during each
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reclosing process. So, the overcurrent suppression during the reclosing process is of great significance.
In the present literature, resistive limiters have been proposed but there are two problems remaining
unsolved. Firstly, none of them accurately calculated the overcurrent, which is the base of current
limiting. Secondly, a detailed configuration method of the limiter, especially of the calculation of
the resistor, was not given or well-thought-out. In this paper, accurate current is calculated based
on the proposed mesh current method, and the detailed calculation method of RCLR is conducted.
The selection of resistor is based on different limiting levels of the fault current which is flexible for
different thresholds of SMs overcurrent protection. The proposed method in this paper can limit the
overcurrent to a required level with a lower resistance value.

6. Conclusions

Overcurrent will recur during the reclosing process without any current limiting strategy under a
permanent pole-to-pole fault in MMC-HVDC which may threaten the safety of the power electronic
elements and even the system. Moreover, the overcurrent will make the converter block repeatedly.
To configure a reasonable FCL, the key is to calculate the overcurrent accurately and figure out the
tolerance for the overcurrent. In this paper, a mesh current method (MCM) is proposed to calculated
the short-circuit current based on the state equation. Based on the current calculation and the threshold
of SMs overcurrent protection, the configuration principle of the reclosing current limiting resistance is
proposed. The simulations constructed in PSCAD/EMTDC prove that the proposed method in this
paper can limit the overcurrent in the arm to a required level under different limiting levels to protect
the power electronic elements and preventing the converter frequently blocking during the reclosing
process which may shorten the recovery time for the system. So, the overcurrent suppression strategy
during the reclosing process of MMC-HVDC proposed in this paper is effective from the perspective of
security and operation efficiency.
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Abstract: The eventual goal of high-voltage direct-voltage (HVDC) systems is to implement HVDC
grids. The modular multilevel converter (MMC) has been identified as the best candidate for the
realization of an HVDC grid by eliminating the shortcomings of conventional voltage source converter
(VSC) technology. The related research has focused on efficient control schemes, new MMC topologies,
and operational characteristics of an MMC in a DC grid, but there is little understanding about the
fault handling capability of two mainstream MMC topologies, i.e., half bridge (HB) and full bridge
(FB) MMCs in combination with an adequate protection device. Contrary to the existing research
where the fault location is usually fixed (center of the line), this paper considered a variable fault
location on the DC line, so as to compare the fault interruption time and maximum fault current
magnitude. From the point of view of fault interruption, AC and DC side transient analyses were
performed for both MMC topologies to suggest the appropriate topology. The simulation result
confirmed that the fault handling performance of an HB-MMC with a DC circuit breaker is superior
due to the smaller fault current magnitude, faster interruption time, lower overvoltage magnitude,
and lesser stresses on the insulation of the DC grid.

Keywords: half bridge (HB); full bridge (FB); modular multilevel converter (MMC); hybrid HVDC
breaker (HCB)

1. Introduction

Implementing DC grids having enhanced controllability and lower energy losses could be
a solution for integrating renewable energy sources that have an inherently intermittent nature.
In particular, voltage source converter (VSC) technology has been identified as the best candidate for
realizing DC grids due to its ability to control the AC voltage magnitude, phase angle, and output
frequency. With the application of pulse width modulation (PWM) control, VSCs can offer higher
response time and lower harmonic content [1–3]. However, due to the absence of current zero and
high di/dt resulting from DC faults, fault handling is a serious issue faced by DC transmission lines
and its solution is urgently required to further the implementation of DC grids [4,5].

Recently, modular multilevel converters (MMCs) have eliminated the shortcomings of
conventional VSC topologies. With the use of a modular structure, it has been possible to achieve very
high levels of voltage, which are desirable for bulk power transmission [6,7]. As for MMCs, the efficient
control schemes and operational characteristics of MMCs in a DC grid have been a subject of interest
in academia and industry, and many solutions have been presented [8–10]. However, DC fault and its
effective handling have been identified as one of the most serious challenges in the implementation of
VSC-type DC transmission systems [11,12]. The impact of DC fault location on fault interruption time
and maximum fault current magnitude has not been considered previously [13,14]. The search for the
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best MMC topology, control schemes, protection devices, and the combination of all or some of these
factors, considering the nature of the DC fault, is the subject of this paper.

A half bridge (HB) MMC necessarily requires a DC breaker because of its lack of DC fault blocking
capability. Therefore, a hybrid circuit breaker (HCB), which can cope with the expected rapid rise of
the fault current in an HVDC grid, was used in conjunction with an HB-MMC transmission line [15,16].
This combination is referred to as Case-1 in the rest of the paper.

On the contrary, the reverse voltage phenomenon in a full bridge (FB) MMC can limit the fault
effectively within a few milliseconds. Therefore, a DC circuit breaker (DCCB) is not required. A residual
circuit breaker (RCB) or an ultra-fast disconnector is used to completely remove the residual fault
current and isolate the fault. This combination is referred to as Case-2 in the following sections of the
paper [17].

In this paper, the fault handling performance of two mainstream MMC topologies, including HB-
and FB-MMCs in combination with the DC side circuit breaker, were investigated. Contrary to the
existing research, in which the fault location is usually fixed (center of the line), this paper considered
a variable fault location on the DC line, so as to compare the fault interruption time and maximum
fault current magnitude. Since a power system must bear the current and the voltage stress during
fault occurrence and recovery, the current and voltage transients on the AC and DC sides of the power
system were thoroughly analyzed.

This paper is organized as follows. The operation characteristics of the MMC and simulation
model are explained in Sections 2 and 3. The interruption performance of the HB- and FB-MMC DC
grids is presented in Section 4. The transient performance of the system in DC faults is presented in
Section 5. The strengths and weaknesses of the two cases and the suitable MMC grid topology from
the point of view of fault handling performance are proposed. The conclusion is presented in Section 6.

2. The Operation Characteristics of an MMC System

2.1. DC Fault Analysis of an MMC Before Blocking

The equivalent circuit representation of an MMC composed of an HB or FB configuration prior to
the fault detection is shown in Figure 1. In this period, the DC fault current iz has not yet reached the
fault detection limit. Considering KVL, the upper loop can be written as:

Vx = Lx
dixg

dt
+ Riixg + Larm

dixu

dt
+ Rarmixu − vxu + Lsc

dixz

dt
+ Rsciz + vnN (1)

where x = a, b, c and Lsc and Rsc represent the equivalent values of the inductance and resistance of the
transmission line.

Figure 1. Equivalent circuit of a modular multilevel converter (MMC) system composed of a half
bridge (HB) or full bridge (FB) configuration.
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The lower loop for each phase can be represented by:

Vx = Lx
dixg

dt
+ Riixg − Larm

dixl
dt

− Rarmixl − vxl + vnN (2)

Also applying KCL, in each node we obtain:

ix = ixu − ixl (3)

iz = ial + ibl + icl (4)

iz = iau + ibu + icu (5)

Subtracting Equation (2) from (1) yields:

Lx
d(ixu + ixl)

dt
+ Rz(ixu + ixl) + Lsc

diz

dt
+ Rsciz = (vxu + vxl) (6)

Equation (6) is valid for all the phases. Adding Equation (6) for each phase, we obtain:

(2Lz + 3Lsc)
diz
dt

+ (2Rz + 3Rsc)iz = ∑
x=a,b,c

(vxu + vxl) (7)

For an MMC at any instant of time, N number of submodules are switched on, where N is the
number of submodule (SM) per arm. Therefore, it can be written that:

(Vxu + Vxl) = NVsm (8)

According to Reference [18], at this point in time all the capacitors are parallel and the DC current
can be expressed as:

iz =
2Csm

N ∑
x=a,b,c

(vxu + vxl) (9)

where Csm is the capacitance of each individual SM. Substituting Equation (9) into Equation (7)
will give:

(2Lz + 3Lsc)
d2iz

dt
+ (2Rz + 3Rsc)

diz

dt
+

N
2Csm

iz = 0 (10)

Equation (10) provides the equation of the DC current iz. This equation will be valid until iz
reaches the limit [19].

2.2. DC Fault Analysis of an MMC after Blocking

In an HB-MMC, as soon as a fault is detected, the IGBTs are blocked for their protection, but the
anti-parallel freewheeling diodes still provide a path for the AC current to the DC line, thus feeding
the fault. Therefore, DCCB is essentially required to block the fault current.

An FB-MMC system has the capability of suppressing the fault current. Initially, a current surge is
allowed to flow through the IGBTs and feed the DC fault. However, as soon as the IGBTs are blocked,
there is only one available current path through the series and reverse-connected DC capacitors of
the submodules.

After the IGBTs are blocked, the fault current passes through the freewheeling diodes. In the
process, the capacitors of FB submodules develop opposite polarity compared to the fault current
during the DC fault. The complete blocking of the DC fault current takes place when the total voltage
of each submodule capacitor becomes higher than the maximum peak line-to-line AC voltage, as
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shown in Equation (11). As a result, the fault current can be limited and a DC breaker with a low
current rating can be used to isolate the faulty transmission line.

VAC,max < Varm,a + Varm,b, (11)

where Varm,a and Varm,b represent the arm voltages which are stacked at each arm through the
fault path.

The operation of FB- and HB-MMCs under DC side faults have been extensively covered in
References [10,19,20].

3. Simulation Model

3.1. Test Bed Model

To compare the fault handling performance between HB- and FB-MMCs, a test bed was modeled
in Matlab/Simulink, as shown in Figure 2. A bipolar point-to-point HVDC link was modeled using
40-level HB- and FB-MMCs. In the steady state, the MMC was operated with constant active and
reactive power control. The reference voltage of the DC link was set at 80 kV, and the length of the
transmission line was 100 km. The pole-to-pole fault was generated at 0.2 s.

Figure 2. Test bed model in Matlab/Simulink. Converters are composed of 40-level HB- and FB-MMCs.
The pole-to-pole DC fault is introduced at a variable distance from the rectifier.

Table 1 presents a summary of the HVDC system parameters. After the occurrence of the DC fault,
the main controller trips the HB and FB converters within 500 microseconds to protect the converter.
By performing this process, the DC fault contribution from the submodule capacitor can be prevented
in HB-MMCs. The configuration of submodules in FB-MMCs does not allow the discharge of the DC
side capacitor.

Table 1. Summary of high-voltage direct-voltage (HVDC) system parameters.

Parameters Specifications

Voltage source converter (VSC) HVDC type Bipolar HB-/FB-MMC
AC source voltage (rectifier side) 154 kV
Number of submodules per arm 40

Equivalent capacitance 10 uF
Current-limiting reactor 20 mH

Transformer power rating 450 MVA
Transformer voltage ratio 154 kV/100 kV

DC cable resistance 0.0133 Ω/km
DC cable inductance 0.8273 mH/km
DC cable capacitance 0.0139 uF/km

Length of transmission line 100 km
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3.2. Comparison of System Operating Characteristics and Necessary Components by Case Types

The converter operation of HB- and FB-MMCs, after the fault detection, is shown in Figure 3.
In the case of the HB-MMC, even if the IGBT is blocked, the converter continues to feed fault due to
the presence of the freewheeling diode, so a DCCB is required to break the fault current. Due to the
large fault current magnitude and its steep slope, a reactor is added in series with the DC line to limit
the maximum stress on DCCB and assist its fault interruption operation. In the absence of a large
reactor, DCCB is unable to perform fault interruption.

 

Figure 3. Comparison of overall operating characteristics and the need for a current-limiting reactor.

In the case of the FB-MMC, all IGBTs are blocked in the same way as the HB-MMC, but a reverse
voltage is generated in the fault current path, so it is possible to cut off the current of the AC source by
the converter itself. Therefore, when the natural zero point is generated through the converter blocking
process, the DC fault is completely isolated through the RCB. Therefore, the FB-MMC system does
not require a DCCB. As a result, a large limiting reactor is not necessarily required. The benefit of a
limiting reactor, considering to its cost and size, is minimal. However, if the reactor is considered, the
peak value of fault current will be reduced and time to reach the peak will increase. Due to its limited
advantage, the limiting reactor can be left off in FB-MMC-based DC grids [21].

The operation characteristics of the two types of systems and the need for a current-limiting
reactor are reflected in the simulation.

3.2.1. Case-1: Fault Management in an HB-MMC DC System Through DCCB

For HB-MMC systems, DCCBs are a necessary requirement for effectively clearing the DC faults,
as shown in Figure 4a.
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(a) 

 
(b) 

(c) 

Figure 4. Case-1: DC fault handling solution for an HB-MMC based on a hybrid circuit breaker (HCB):
(a) configuration of Case-1; (b) structure of the HCB; (c) fault handling under a DC short-circuit fault.

Unlike AC circuit breakers (ACCBs), HVDC circuit breakers (CBs) must create a current zero and
dissipate the energy stored in the DC network. Recently, industry and academia have extensively
researched DCCBs to overcome various well-known limitations. Among the developed prototypes,
HCBs, which can block a 9-kA fault current within 5 ms, are attracting attention as the most suitable
circuit breakers for application in HVDC systems [22,23].

In this paper, we proposed an HCB due to its excellent interruption capability (large di/dt with
large dv/dt) and small interruption times (<5 ms). In addition, a large current-limiting reactor was
installed at the DC terminal of the MMC to assist the operation of the HCB.

Figure 4b presents the structure of the HCB mentioned above. The HCB contains a load
commutation switch (LCS), an ultrafast mechanical disconnector (UFMD), and a main breaker (MB).
As shown in the operation characteristics of Figure 4c, the detection time of the fault current is assumed
to be 6 μs. The converter is blocked within 0.5 ms after the detection of a fault. During the normal
operation of the HCB, the load current flows through a nominal path that comprises of LCS and UFMD.
When a DC fault is detected, the LCS opens immediately and the current is commutated to the MB.
Then the UFMD opens within 2 ms and isolates the LCS from the faulted line. With the UFMD in an
open position, the commutation path interrupts the fault current, and energy of the fault is absorbed
by the arrestor bank. In this process, the DC current decreases quickly and can be cleared within a
few milliseconds.

3.2.2. Case-2: Fault Management in an FB-MMC Using RCB

FB-MMCs are a superior alternative to HB-MMCs in terms of fault handling capability. As shown
in Figure 5a, the rapid reverse of the DC voltage control of an FB-MMC can be typically provided
within a few milliseconds; therefore, DCCB are not necessarily needed for protection.
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(a) 

(b) 

Figure 5. Case-2: DC fault handling solution composed of an FB-MMC with a residual circuit
breaker (RCB): (a) configuration of Case-2; (b) operation process for DC fault handling under a
DC short-circuit fault.

When the fault is detected, all IGBTs of the SMs are blocked, and the capacitors generate a reverse
voltage to block the AC side currents. Since the converter has already interrupted the fault current, an
RCB is sufficient to isolate the fault.

Also, unlike Case-1, the FB-MMC system does not require a DCCB. Figure 5b shows the fault
handling mechanism in the FB-MMC system: detecting the fault, blocking the converter, and triggering
the RCB to generate the natural current zero. Finally, if a reconnection is established by deblocking the
converter and reclosing the RCB, system can be restored to the normal state.

4. Interruption Performance of HB- vs FB-MMC DC Grids

4.1. Comparison of Fault Current Blocking Performance (Pole-to-Pole Fault)

Prior to the analysis of fault handling performance with protection devices, it is important to
analyze the fault current blocking ability of the two types of MMCs. We simulated a pole-to-pole fault
at 0.2 s on the DC side of the rectifier to consider the worst-case fault.

Figure 6a shows that the peak current magnitude is about 30 kA for both topologies. In the
case of the HB-MMC system, a fault current of about 5 kA is sustained due to the presence of
freewheeling diodes.

However, in the case of the FB-MMC system, all IGBTs are blocked when a fault is detected, and a
reverse voltage is generated, which forces the fault current to zero.

The DC side voltage during fault transient is shown in Figure 6b. In the case of the HB-MMC
system, the voltage in the transient state suddenly reverses the polarity, and then approaches zero in
about 20 ms. However, in the case of the FB-MMC system, the voltage oscillations are sustained on the
DC side for about 15 ms.
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(a) (b) 

Figure 6. Simulation of a DC pole-to-pole fault with MMCs: (a) current waveform in the transient state;
(b) voltage waveform in the transient state.

4.2. Comparison of Fault Current Blocking Performance (Pole-to-Ground Fault)

In this section, we simulated a pole-to-ground fault at 0.2 s on the DC side of the rectifier to
consider the worst-case fault. Figure 7a shows that the peak current magnitude is about 23.5 kA for
both topologies. In the case of the HB-MMC system, the fault current of about 11.5 kA is sustained due
to the presence of freewheeling diodes. However, in the case of the FB-MMC system, all IGBTs are
blocked when a fault is detected, a reverse voltage is generated to block the fault current, and the fault
current naturally approaches zero. The DC side voltage during the fault transient state is shown in
Figure 7b. In both systems, voltage oscillations are sustained on the DC side.

 
(a) 

 
(b) 

Figure 7. Simulation of a DC pole-to-ground fault with MMCs: (a) current waveform in the transient
state; (b) voltage measured at converter terminals.

4.3. Comparison of Fault Interruption Performance

In this section, we compared the interruption performance of Case-1 and Case-2 according to
the location of the occurrence of fault on the DC line. The peak magnitude of the fault current and
interruption time are considered key parameters for evaluating the performance of the two cases.

For a pole-to-pole fault at 5 km from the rectifier, the peak magnitude of the fault current in Case-2
is 15.5 kA; it is only 3.5 kA in Case-1, as shown in Figure 8. The lower peak fault current magnitude in
Case-1 is due to the presence of the current-limiting reactor and the fast-operating HCB.
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(a) (b) 

Figure 8. Fault handling interruption performances: (a) fault current interruption characteristic of
Case-1 with an HCB; (b) fault current interruption characteristic of Case-2 with an RCB.

The total interruption time as well as the peak fault current magnitude in the two cases is
compared in Figure 9.

 
(a) (b) 

Figure 9. Comparison analysis of interruption characteristics according to the location of the fault on
the DC line: (a) interruption time; (b) maximum fault current magnitude.

It can be seen in Figure 9a that the interruption time in Case-1 does not change considerably
with the variation in fault location. However, in Case-2 the interruption time increases considerably
for faults farther away from the rectifier. The quick interruption in Case-1 can be attributed to the
presence of the fast-acting HCB. However, the inherent blocking characteristics of the FB-MMC in
Case-2 are dependent on the natural elimination of the fault current. Therefore, if the fault location
moves away from the rectifier, the interruption time increases due to the increase in inductive and
capacitive components of the transmission line. It can be seen in Figure 9a that for faults occurring
beyond 8 km, Case-1 offers a smaller interruption time.

Figure 9b shows that in both cases the peak magnitude of the fault current decreases upon
increasing the distance of the fault from the rectifier. However, due to presence of an HCB in Case-1,
the fault is interrupted before its natural peak and therefore the peak magnitude is quite low regardless
of the fault location. However, in Case-2 the peak magnitude of the fault current is dependent on the
inductive reactance of the line. Therefore, the peak magnitude is quite high for faults occurring on the
converter terminal.
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In conclusion, we found that Case-1 has a lower fault current magnitude and lower interruption
time for most fault locations.

Figure 10 shows the comparison of the energy dissipation of the circuit breaker according to the
fault location.

 
Figure 10. Comparison of energy dissipation on the circuit breaker (CB). Case-1 is an HCB; Case-2 is
an RCB.

In Case-1, the circuit breaker must fully cope with the DC fault current, which has high di/dt.
Therefore, we confirmed that the energy dissipation in the HCB is more than 0.32 MJ, even if the fault
location is far away from the converter side.

In Case-2, the peak fault current is higher than that in Case-1 and the interruption time is also
larger. Therefore, the energy dissipation in the RCB was found to be about 2 MJ when the fault occurs
at 20 km.

5. Transient Performance of the System in DC Faults

The occurrence of DC faults and their clearance introduce current and voltage transients on both
the AC and DC sides of the power system. These transient events affect the power quality and can
potentially deteriorate the power system components. In this section, an analysis of the transient
response of the power system in two cases is presented.

5.1. Analysis of the Current and Voltage Transient of the AC and DC Sides Considering a Reclosing Operation

Since, most transmission line faults are temporary, a reclosing operation is considered for a
complete analysis of fault transients. The power system transients were analyzed to determine the
suitable grid topology for the two cases.

The pole-to-pole fault was simulated at 0.2 s at a distance of 5 km from the rectifier, and the
converter was set to operate within 500 μs after the detection of a fault. The circuit breaker attempts
to clear the fault immediately after converter blocking. A delay of 0.2 s is introduced to allow for the
deionization of fault location, following which the de-blocking of the converter and reclosing of the
circuit breaker are initiated.

5.1.1. Transient Current and Voltage of the AC System

Figure 11 shows the AC side current and voltage waveforms for Case-1. Figure 11a presents the
AC side current graph. It shows that the peak current approaches 2 kA just after 0.2 s, i.e., before fault
interruption. After 0.4 s, i.e., during reclosing, the AC current exceeds its steady-state value before
reaching the steady state in 50 ms. A voltage transient with a peak of up to 90 kV can be observed
during the reclosing operation, as shown in Figure 11b.
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(a) 

 
(b) 

Figure 11. The transient waveforms of the AC system in Case-1: (a) current waveform; (b) voltage
waveform.

Figure 12 shows the AC-side current and voltage waveforms for Case-2 during interruption
and reclosing operations. It can be seen in Figure 12a that there is no current overshoot during fault
inception due to the instant blocking of IGBTs. During reclosing, the maximum current does not
exceed −1.02 kA, which is 0.4 kA higher than that of Case-1.

 
(a) (b) 

Figure 12. The current and voltage waveform at the AC side of Case-2 in interruption and reclosing
operations: (a) current waveform; (b) voltage waveform.

Figure 12b shows that an overvoltage of 120 kV occurs during the converter blocking at the time
of fault. An overvoltage of up to 100 kV occurs during the reclosing process, followed by a return to
the steady state in 10 s.

As a result, although the magnitude of the current and the voltage are not much different on the
AC side, the current magnitude in the reclosing and the overvoltage magnitude in the interruption
process are relatively high, and the time to achieve the steady-state voltage after the reclosing process
is very long. Therefore, Case-1 would have advantages in terms of the stability of the AC system and
lower stress on the insulation.

5.1.2. The Analysis of the DC Current and Voltage Waveform Across the HCB and RCB in the
Transient State

Figure 13 is a graph showing the DC current flowing through the circuit breaker and the voltage
across the circuit breaker during the fault and reclosing process. As shown in Figure 13a, in Case-1, the
maximum fault current is limited to 3.3 kA due to the quick HCB operation.
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(a) (b) 

Figure 13. The waveform of the DC line current and voltage across the CB in the transient state: (a) the
DC line current; (b) the voltage across the CB.

In Case-2, however, due to the fault handling capability of the FB-MMC, it is confirmed that the
fault current rapidly increases to about 15.5 kA and then rapidly decreases.

In the reclosing operation, Case-1 has a maximum fault current magnitude of 0.8 kA, and it is
confirmed that it achieves a steady state in 100 ms. Case-2 showed high di/dt as well as the peak
magnitude, which is about 2 kA—more than twice the value of that in Case-1.

Considering the insulation design of the system and device, Case-2 with a high current magnitude
and high di/dt slope would be detrimental to the power system components.

The voltage waveform across the circuit breaker is presented in Figure 13b. In Case-1 and Case
2, the voltage across the circuit breaker increased suddenly after 0.2 s. In the reclosing process, the
recovery voltage across the HCB decreases within 50 ms.

5.1.3. The Transient Overvoltage Analysis During DC Faults

This section compares the overvoltage characteristics across the DC line as a result of DC faults in
two cases.

The voltage across the converter in a pole-to-pole fault is presented in Figure 14. In Case-1, the
voltage dip is not large due to the presence of voltage across the circuit breaker during the fault.
In addition, it was confirmed that the voltage in the normal state recovered to 160 kV within 100 ms
after the peak overvoltage of 175 kV occurred during the reclosing operation.

Figure 14. The waveform of pole-to-pole DC voltage in the case of pole-to-pole fault.
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On the other hand, in Case-2, a reverse voltage was applied across the DC system due to the
blocking operation of the FB-MMC to prevent the AC system from feeding in to the DC fault. In the
case of reclosing, an overvoltage of 205 kV was obtained. In addition, the recovery time to a DC-rated
voltage of 160 kV after reclosing was much longer than that of Case-1, and it was confirmed that the
steady-state voltage was reached within 10 s, compared to 100 ms in Case-1.

Figure 15a shows the overvoltage graph of Case-1, showing the maximum overvoltage of 90 kV
during the reclosing process. However, in Case-2, a maximum overvoltage of 150 kV and a longer time
to reach the steady state was observed, as shown in Figure 15b.

 

(a) (b) 

Figure 15. The waveform of pole-to-ground DC voltage in the fault and reclosing process: (a) Case-1;
(b) Case-2.

System components are expected to carry larger currents as well as bear higher overvoltage stress
during fault transience in Case-2.

5.2. The Preferable Case for HVDC Grid Application

In this section, we evaluated the feasibility of applying two fault handling solutions to HVDC
grids based on the simulation results. The summary of our analysis is presented in Table 2.

Table 2. Comparison of the two fault-handling solutions.

Parameter Simulation Condition Case-1 Case-2

Structure
-

HB-MMC + HCB FB-MMC + RCB
DC-fault-handling capability O O

Current-limiting reactor Required Not necessarily required

Total interruption time (ms)
Variable fault location

3~4.5 (ms) ~11 (ms)
Maximum DC fault current in fault period (kA) 2~4 (kA) 3~25 (kA)
Energy dissipation across circuit breaker (MJ) 0.32~0.51 (MJ) 0.01~0.05 (MJ)

Maximum AC current in fault period (kA) 5 km from the sending
end converter side

2 (kA) 0.15 (kA)
Maximum AC current in reclosing period (kA) 0.62 (kA) 1.02 (kA)

Maximum DC current in reclosing period (kA) 5 km from the sending
end converter side

(pole-to-pole)

0.8 (kA) 2 (kA)
Maximum DC system overvoltage (kV) 175 (kV) 205 (kV)

Time to recovery (ms) ~0.1 (s) 10 (s)

Maximum DC overvoltage in reclosing period (kV)
5 km from the sending

end converter side
(pole-to-ground)

91 (kV) 152 (kV)

Stress on insulation - Relatively low Relatively high

Feasibility in HVDC grid application - ����� �����

* Excellent �����, Very Good �����, Good �����, Fair �����, Poor �����
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Although in Case-1 the HCB alone copes with a large DC fault current, the power system
experienced lower overvoltage stress. However, considering the high energy dissipation in the HCB,
a sophisticated insulation design is required.

Table 2 shows that in Case-1, the fault current, overvoltage magnitude, and interruption time are
low. Conversely, in Case-2, the abovementioned parameters are relatively high. Therefore, additional
consideration for the insulation design is required to ensure the reliable long-term operation of the
DC grid. Furthermore, the oscillating voltage in the transient state is expected to stress the overall
system components. As a result, we conclude that Case-1 would be a better solution for HVDC
grid application.

6. Conclusions

Two types of representative MMC systems along with an HCB or RCB have been investigated for
the feasibility of application in an HVDC grid. The comparative studies have been conducted in terms
of maximum fault current, total interruption time, and voltage characteristics of the grid during the
transient period.

Although the HB-MMC with a DC circuit breaker has a disadvantage of stress on the HCB
associated with the insulation design of the CB itself, it appears to be the likely candidate for application
in future DC grids due to its low fault current, low interruption time, low overvoltage magnitude, and
faster recovery. Furthermore, it is beneficial in terms of insulation design because it applies relatively
low voltage stress to various power system components during the transient period.
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Abstract: This paper studies a second order generalized integrator-frequency locked loop (SOGI-FLL)
control scheme applicable for 3-phase alternating current/direct current (AC/DC) pulse width
modulation (PWM) converters used in DC distribution systems. The 3-phase AC/DC PWM converter
is the most important power conversion system of DC distribution, since it can boost 380 Vrms

3-phase line-to-line AC voltage to 700 Vdc DC output with various DC load devices and grid voltages.
The direct-quadrature (d-q) transformation, positive sequence voltage extraction, proportional integral
(PI) voltage/current control, and phase locked loop (PLL) are necessary to control the 3-phase AC/DC
PWM converter. Besides, a digital filter, such as low pass filter and all pass filter, are essential in the
conventional synchronous reference frame-phase locked loop (SRF-PLL) method to eliminate the low
order harmonics of input. However, they limit the bandwidth of the controller, which directly affects
the output voltage and load of 3-phase AC/DC PWM converter when sever voltage fluctuation,
such as sag, swell, etc. occurred in the grid. On the other hand, the proposed control method using
SOGI-FLL is able to do phase angle detection, positive sequence voltage extraction, and harmonic
filtering without additional digital filters, so that more stable and fast transient control is achieved
in the DC distribution system. To verify the improvement of the characteristics in the unbalanced
voltage and frequency fluctuation of the grid, a simulation and experiment are implemented with
50 kW 3-phase AC/DC PWM converter used in DC distribution.

Keywords: DC distribution; 3-phase AC/DC PWM converter; SOGI-FLL; phase detection

1. Introduction

In recent years, a distributed power generation system using a new, renewable energy source,
and an eco-friendly electric vehicle has been attracted. The production and consumption of DC
power have thus inevitably increased, and studies on the energy efficiency of DC power have been
actively conducted.

In order to implement a DC distribution system with the conventional AC distribution
infrastructure, a high efficiency power conversion system using a power semiconductor device is
required. In general, diode rectifiers have been used to convert AC power to DC power because of
their relatively simple structure and operation. However, the diode rectifier is not suitable for a DC
distribution system because the constant output voltage cannot be controlled when the power factor
of AC input varies according to the type and size of the load. In addition, regenerative operation
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is not possible due to the unidirectional characteristic. Therefore, the 3-phase AC/DC pulse width
modulation (PWM) converter is widely used to compensate for these drawbacks [1,2].

The 3-phase AC/DC PWM converter used for the DC distribution, as shown in Figure 1,
is composed of six insulated gate bipolar transistors (IGBTs), dc-link capacitors, and an LCL filter to
the reduce harmonics on the grid side. For bidirectional power control and power factor control of this
system, phase angle information of the input power source is required. In many studies [3–5], a positive
sequence voltage detector using an all pass filter (APF) and synchronous reference frame phase locked
loop (SRF-PLL) have been widely used; however, not only do these devices have a complicated
configuration, but they are also weak in lower order harmonics [6]. In addition, problems of the grid
side, such as sag, swell, and frequency fluctuation directly affect the output of the 3-phase AC/DC
PWM converter. As a result, it is difficult to maintain a stable condition in the DC distribution system
in which various loads are repeatedly connected [7]. In order to solve the frequency variation of
the grid for the DC distribution system, improved SRF-PLL method has been researched, but the
unbalanced grid voltage and voltage drop condition are not taken into account [8].

Meanwhile, the second order generalized integrator (SOGI) algorithm was introduced by Prof.
Rodriguez [9]. One of SOGI applications, SOGI-frequency locked loop (SOGI-FLL) has functions,
such as the positive sequence voltage extraction and phase angle detection, as well as robust filtering
characteristic. Therefore, phase synchronization can be performed using only the SOGI-FLL and it does
not need any additional digital filters, such as the low pass filter (LPF) that is used in the conventional
method [10,11].

Therefore, in this paper, we propose advanced control method using the SOGI-FLL that can be
applied to a 3-phase AC/DC PWM converter for the DC distribution. The proposed control method is
applied to improve the stability and transient characteristic of the DC distribution system, and it is
verified that the DC distribution system achieves stable and fast transient characteristics, even though
unbalanced grid voltage, frequency variation, and voltage drop occur.

This paper is organized as follows. In Section 2, we analyze the 3-phase AC/DC PWM converter,
which constitutes the DC distribution system and describes the conventional method. In Section 3,
we describe the phase detection and positive sequence voltage extraction while using the proposed
SOGI-FLL technique. Sections 4 and 5 give the simulation and experimental results for the proposed
control method based on the SOGI-FLL control, and Section 6 provides the conclusion.

Figure 1. Configuration of 3-phase alternating current/direct current (AC/DC) pulse width modulation
(PWM) converter.
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2. 3-Phase AC/DC PWM Converter Used in DC Distribution System

2.1. 3-Phase AC/DC PWM Converter [12–14]

The 3-phase AC/DC PWM converter that is used for DC distribution is an AC/DC step-up
converter that outputs a boost DC while using an appropriately designed AC input side reactor.
Using this 3-phase AC/DC PWM converter, the grid side AC current can be maintained at a waveform
that is close to a sinusoidal waveform with a relatively low total harmonic distortion (THD), and the
power factor can be freely controlled. In addition, a bi-directional energy flow is possible by using a
power semiconductor switch capable with bidirectional power flow, such as IGBT instead of a diode,
so it can operate as both a DC/AC inverter and an AC/DC inverter.

Figure 2 shows the equivalent circuit of the 3-phase AC/DC PWM converter that is shown in
Figure 1. The AC input voltage of each phase satisfies Equation (1), and the relationship between
the input current iabc and the voltage across the AC input reactor VLabc is expressed, as shown in
Equation (2).

Figure 2. Equivalent circuit of 3-phase AC/DC PWM converter.

eabc = vRabc + vLabc + vCabc (1)

vLabc = jωLabciabc (2)

As can be seen from Equation (2), increasing the VLabc increases the AC input side current, iabc.
Conversely, if the value of VLabc becomes negative, the direction of iabc is reversed and a regenerating
operation is thus performed, the power of which flows from the DC load to the grid side. If the
switching loss and harmonic loss of the 3-phase AC/DC PWM converter are ignored, the input power
and the DC output power have the relationship that is shown in Equation (3).

VC·C dVC
dt

= vCaia + vCbib + vCcic = eaia + ebib + ecic (3)

Figure 3. Equivalent circuit of a 3-phase AC/DC PWM converter.

Figure 3 shows a single-phase equivalent circuit of a 3-phase AC/DC PWM converter for
analyzing the grid voltage and the current in a phasor diagram. When the converter performs a
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regenerative operation, the power factor angle of the AC power source in the steady state can be varied
from leading to lagging, as shown in the phasor diagram of Figure 4 by controlling the AC side of the
3-phase AC/DC PWM converter. Figure 4 shows that the AC voltage is the smallest when the lagging
operation is conducted. If the DC voltage is smaller than the maximum value of the AC input voltage,
the constant DC output voltage can be controlled by lagging operation.

Figure 4. Phasor diagram of a 3-phase AC/DC PWM converter.

2.2. Positive Sequence Voltage and Phase Detector [15,16]

The phase angle information of the grid is needed in a grid-connected DC distribution system.
In the case of power factor control, active/reactive power control, and harmonic current compensation,
the current or voltage reference must be synchronized with the phase angle of the input voltage. A PLL
is used for this phase synchronization. If the 3-phase power source is balanced, then the phase angle
can be obtained by calculating the period between the zero-crossing points where the voltage of one
phase or any line-to-line voltage changes from negative to positive. However, in the case of unbalanced
3-phase source, a miscalculated phase angle can result in harmonic components of voltage and current,
which can lead to unforeseen problems. To avoid this problem that is caused by the unbalanced
3-phase source, the phase angle is detected by calculating the positive sequence voltage.

The equation for calculating the positive sequence voltage is given by the following Equation (4):⎡
⎢⎣ vpa

vpb
vpc

⎤
⎥⎦ =

1
3
·

⎡
⎢⎣ 1 α α2

α2 1 α

α α2 1

⎤
⎥⎦·

⎡
⎢⎣ vas

vbs
vcs

⎤
⎥⎦ (4)

where α = ej 2π
3 = − 1

2 + j
√

3
2 and α2 = ej 4π

3 = − 1
2 − j

√
3

2 .
α and α2 can be substituted into Equation (4), and Equation (5) is then defined, as follows:

⎡
⎢⎣ vpa

vpb
vpc

⎤
⎥⎦ =

⎡
⎢⎢⎣

1
2 vas − 1

2
√

3j
(vbs − vcs)

−(vpa + vpc)
1
2 vcs − 1

2
√

3j
(vas − vbs)

⎤
⎥⎥⎦ (5)

Figure 5 shows the control block diagram of the positive sequence voltage and PLL while using
Equations (4) and (5). As shown in the figure, the d-q transformation is performed after extracting
the positive sequence voltage while using the 3-phase voltage of the input power source. In the
d-q transformation, the information on the q axis refers to the magnitude of the voltage output of
the converter, and the information on the d axis is related to the phase error between the converter
output voltage and the grid voltage. Therefore, the phase output voltage of the converter must control
the d-axis voltage to zero for phase synchronization with the grid voltage. The d-axis voltage in the
synchronous reference frame, as calculated by the PI controller, then performs a PLL that controls
the phase angle to be zero so that the phase angle matches the actual phase angle of the grid side.
When the input power source includes harmonics due to noise, the harmonics also appear in the d-axis

104



Appl. Sci. 2018, 8, 1387

voltage used as an input of the PLL. Therefore, as shown in Figure 6, the first order low pass filter is
used to prevent pulsation.

˚ Shift

˚ Shift

˚ Shift

Figure 5. Control block diagram of positive sequence voltage and phase detector.

 

Figure 6. Control block diagram of phase detector using first order low pass filter and proportional
integral (PI) controller.

3. Proposed Control Scheme of 3-Phase AC/DC PWM Converter Using SOGI-FLL

In the conventional PLL method that is discussed in Section 2.2, the sensed 3-phase input voltage
is divided into magnitude and phase angle information by d-q transformation and the d-axis voltage in
the synchronous reference frame is used to obtain phase angle information. However, the conventional
PLL method is difficult to use in single-phase systems. In addition, if the cut-off frequency of the low
pass filter is decreased to reduce the low frequency harmonics of the input power source, the total
control bandwidth of the PLL will be reduced, which is disadvantageous to the sudden change of
phase angle [17].

Therefore, this section describes the FLL method using SOGI, which is applicable to both
single-phase and 3-phase systems and has excellent performance for low frequency harmonics
reduction [18–20]. This section also introduces a method of detecting positive sequence voltage
while using SOGI-FLL and it describes the design of the controller.

3.1. Second Order Generalized Integrator

Figure 7 shows the structure of the SOGI-based adaptive filter (AF) in a control block diagram [21].
The transfer function of the SOGI that is shown in Figure 7 can be expressed as Equation (6), and the
transfer function for the output signals v′ and qv′ of the SOGI-based AF is defined as Equation (7).
As can be seen from the transfer function D(s) in Equation (7), the bandwidth of the SOGI-based AF is
independent of the frequency ω′ and it is only determined by the gain k. Also, the output signal qv′

generates a signal that is delayed by 90 degrees from the phase of the output v′, irrespective of the
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frequency of the center frequency ω′ and the input signal v. Therefore, Equation (7) can be expressed
as the bode plot as shown in Figure 8.

SG(s) =
v′

kεv
(s) =

ω′s
s2 + ω

′2 (6)

D(s) =
v′

v
(s) =

kω′s
s2 + kω′s + ω′2 , Q(s) =

qv′

v
(s) =

kω′2

s2 + kω′s + ω′2 (7)

Figure 7. Control block diagram of second order generalized integrator (SOGI)-based adaptive filter
(AF) (= SOGI-quadrature signal generator (QSG)).

Figure 8. Comparison of transfer function D(s) and Q(s).

Figure 9 shows the bode plot of the transfer function of Equation (7). From the figure, it can be seen
that as the gain k decreases, the filtering effect improves, but the stability according to the frequency
change decreases. The SOGI-based AF, as shown in Figure 7, is also called the SOGI-quadrature signal
generator (SOGI-QSG).
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(a) Bode plot of transfer function  (b) Bode plot of transfer function  

Figure 9. Characteristics of SOGI-based AF various gain k.

3.2. SOGI-FLL

SOGI-FLL is used for detecting input voltage exactly, even if input frequency is varied and due to
grid distortion or fault. Configuration and discretization of the SOGI-FLL technique in single-phase
grid-connected inverter system is introduced in [22]. In this subsection, not only introducing the
structure of SOGI-FLL, but also how SOGI-FLL extracts information of input voltage and tracks
frequency variation based on its mathematical explanation and bode plot. If the center frequency ω′ is
set to the same frequency as the input signal, the SOGI-based AF outputs v′ having the same amplitude
and phase as the input signal and qv′ delayed only by 90 degrees from the input signal. However,
if the frequency of the input signal varies, the amplitudes of v′ and qv′ is changed. Therefore, it is not
appropriate to use SOGI only for power conversion systems that use AC power such as grid-connected
systems. In order to apply SOGI to a system where the input frequency is possibly changed, the center
frequency must be able to follow the frequency change of the input signal.

In the FLL method, frequency information is extracted using the phase delayed signal of SOGI
qv′, which is used as the center frequency ω′ of SOGI. FLL can be operated without the PI controller
and trigonometric function calculations that were used in PLL. Figure 10 shows the control block
diagram of SOGI-FLL, where ωN is the angular frequency of the input voltage in steady state, as used
in the PLL.

Figure 10. Control block diagram of SOGI-frequency locked loop (FLL) for phase synchronization.
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In order to explain the SOGI-based AF with FLL, the error signal εv, which is the relation between
the output signals qv′, v′, and v, should be analyzed. The transfer function for the input signal v and
the error signal εv is shown in Equation (8).

E(s) =
εv

v
(s) =

s2 + ω′2
s2 + kω′s + ω′2 (8)

The transfer function E(s) is illustrated in the bode plot that is shown in Figure 11.
As shown in Figure 11, if the frequency of the input signal ω is lower than the center frequency

ω′, qv′, and εv have the same phase. That is, the frequency error variable ε f can be calculated using the
two signals qv′ and εv. If ω < ω′, then ε f is a positive value, if ω = ω′ then ε f = 0 and if ω > ω′ then
ε f is a negative value. This means that the negative gain −γ and the integrator expressed in Figure 10
are used to set the DC component of the frequency error variable ε f to zero so that the center frequency
ω′ tracks the frequency of the input signal ω.

Figure 11. Comparison of transfer functions E(s) and Q(s).

To use this SOGI-FLL in 3-phase systems, two SOGIs are used. This is called a double second
order generalized integrator (DSOGI). Figure 12 shows a control block diagram of the DSOGI-FLL that
is used in the 3-phase AC system.

Figure 12. 3-phase SOGI-FLL (= DSOGI-FLL).

108



Appl. Sci. 2018, 8, 1387

3.3. Positive Sequence Voltage Extraction and Phase Detection Using 3-Phase SOGI-FLL

In 1937, Lyon proposed a method for decomposing balanced 3-phase voltages va, vb, and vc

into positive, negative, and zero sequence voltage in the time domain, respectively, while in 1918,
Fortescue proposed a method in the frequency domain [23]. Using these methods, the balanced
3-phase voltage is decomposed into positive, negative, and zero sequence voltages, as shown in
Equations (9)–(11), respectively.⎡
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3
·
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3 × 3 matrices in each equation can be expressed as [T+], [T−], and [T0]. If the balanced

3-phase voltage is transformed to the voltage in the stationary reference frame, it can be defined
as Equation (12). Equation (12) is then simplified to Equation (13), with the assumption that no zero
sequence components exist in the balanced 3-phase voltage.⎡
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The transpose matrix
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]
is given by the following Equation (14).
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Using Equations (9)–(14), the positive and negative sequence voltages in the stationary reference
frame can be summarized, as shown in Equations (15) and (16).

v+αβ =
[
Tαβ

]·v+abc =
[
Tαβ

]·[T+]·vabc

=
[
Tαβ

]·[T+]·
[
Tαβ
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q 1
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In Equations (15) and (16), q = e−j π
2 , which indicates that the phase is delayed by 90 degrees.

In this case, the positive and negative sequence voltage extractors are added. Figure 12 is then modified,
as shown in Figure 13.

Figure 13. Positive sequence voltage extractor using 3-phase SOGI-FLL.

3.4. Control Block Diagram of Overall System with SOGI-FLL

Figure 14 shows the overall control block diagram of the proposed control scheme. Similar to
the conventional control method, each line-to-line voltage of the grid is sensed and transformed to a
stationary reference frame. The phase angle information is then extracted while using DSOGI-FLL.
The coordinate of the input current of the 3-phase AC/DC PWM converter is transformed using the
extracted phase angle derived from DSOGI-FLL. At this time, the output of the PI voltage controller
that controls the dc-link voltage is applied to the input of the PI current controller that controls the
active and reactive power of the grid. When the output of the current controller performs an inverse
d-q transformation, an extracted phase angle using DSOGI-FLL is also used.

Figure 14. Control block diagram of 3-phase AC/DC PWM converter with SOGI-FLL.
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As can be seen from the control block diagram, when using the proposed control scheme,
the coordinate transformation is simpler than the control method while using the conventional PLL.
In addition, the low pass filter that affects the bandwidth of the controller disappears in the proposed
control method.

4. Simulation Results

In this paper, the simulation was performed before verifying the operation of the 3-phase AC/DC
PWM converter with the SOGI-FLL method for the DC distributed system. Table 1 shows the
parameters that are used in the simulation, while the configuration of the simulation circuit is shown in
Figure 15. In the existing AC power grid, the power from the power plant is supplied to the consumer
in single phase 220 Vrms and 3-phase 380 Vrms. Therefore, the 3-phase voltage is selected, as shown in
the parameter. Also, when configuring of the DC distribution system, the DC-link voltage was selected
as 700 Vdc, which is capable of meeting the scope of international electrotechnical commission (IEC)
regulations [24]. The switching frequency is selected in consideration of the FS300R12KE3, which IGBT
are used in this system, and the LCL filter are designed to satisfy the current distortion regulation of
the IEEE ST 519-2014.

Table 1. Simulation parameter of DC distributed system.

Parameter Value Unit

Rated power of system 50 [kW]
3 phase line-to-line grid voltage 380 [Vrms]

Grid frequency 60 [Hz]
Switching frequency 5 [kHz]

Output DC-link voltage 700 [Vdc]
DC-link capacitance 10200 [μF]

LCL filter inductance at grid side 120 [μH]
LCL filter capacitance 50 [μF]

LCL filter inductance at converter side 500 [μH]
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Figure 16a shows the output voltage waveform of a DC distribution system while using a 3-phase
AC/DC PWM converter. The system uses an initial charge circuit that charges a certain amount of
voltage to the output capacitor for 0.2 s to reduce the inrush current entering the output capacitor.
Then, the charge of the capacitor voltage increases, while the initial charge circuit is changed from the
initial charge to a standby condition. Finally, an output voltage control of 700 Vdc is initiated from
0.3 s. In order to prevent the high overshoot of the output voltage at the start of the control, the voltage
reference is given in the form of a ramp. The voltage reference then rapidly enters the steady state due
to the fast dynamic characteristics of the PI controller.

Figure 16b shows the output current waveform after connecting the DC link output to the load.
The load is connected to the system from 0.8 s and the load capacity is increased by 10 kW every 0.15 s.
Finally, a current is stably generated at the system rated capacity of 50 kW.

Figure 16c shows the 3-phase input current waveform from the grid to the system. It is confirmed
that the reactive component rarely flows when no load is applied, and the magnitude of the input
current increases step by step when the load is connected.

Figure 16. Input and output waveforms of DC distribution system (a) the dc-link voltage; (b) the
current of the DC load; and, (c) the current of the grid.

Figure 17a shows the 3-phase input voltage waveforms containing the 3rd, 5th, 7th, 9th, and 11th
harmonics. The input voltage is detected through the sensor and is then input to the controller.
The SOGI-FLL is applied to the system controller in the middle of the αβ− dq coordinate transformation,
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and the output voltage of the SOGI-FLL indicates that the harmonics are reduced, as shown in
Figure 17b. The THD of the detected positive sequence voltage is about 3.9%, which is appropriate for
the phase angle detection.

Figure 17. Waveform of voltage when harmonics is included in input side; (a) the 3-phase input voltage
with harmonic components; and, (b) the 3-phase input voltage detected by the SOGI-FLL.

Figure 18 shows the waveforms when a voltage drop of about 30% occurs on the b phase.
Figure 18a shows the dc-link output voltage waveform. A voltage ripple of about 2 [Vpeak-to-peak]
is generated while voltage drop occurs. Figure 18b shows the unbalanced 3-phase input voltage
waveform. The balanced 3-phase condition is distorted by the voltage drop from 1 to 1.2 s. Figure 18c
shows the detected positive sequence voltage waveform using SOGI-FLL. Unlike that shown in
Figure 18b, the magnitude of voltage is slightly reduced and it maintains a balanced 3-phase condition.
The 3-phase input current waveform is illustrated in Figure 18d. Unlike the voltage in Figure 18b,
the changes in the amplitudes of the phases differ, and the shape of the waveform is severely distorted.
Figure 18e shows the center frequency ω′ extracted from SOGI-FLL. Only a slight ripple is generated,
and it does not significantly differ from the frequency value in the steady state.

Figure 18. Cont.
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Figure 18. Waveforms of simulation results when b phase has a voltage drop; (a) the dc-link voltage;
(b) the 3-phase input voltage with voltage unbalance; (c) the 3-phase input positive voltage detected by
SOGI-FLL; (d) the 3-phase input current; and, (e) the center frequency extracted from SOGI-FLL.
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Figure 19 shows the positive and negative sequence voltages and the phase angle generated by
SOGI-FLL. While only negligible negative sequence voltage occurs before the unbalance condition,
the negative sequence voltage increases immediately after the unbalance condition. In addition,
while the phase angle of the positive sequence voltage is stably tracked, the phase angle of the negative
sequence component is rapidly changed.

Figure 19. Waveforms of simulation results when voltage drop is occurred; (a) the positive and negative
sequence voltage; and, (b) the phase angle of the positive and negative sequence voltage.

Figure 20 shows the waveforms when the grid frequency decreased from 60 Hz to 45 Hz.
Grid frequency is reduced to 45 Hz from 1 to 1.2 s, while the power is supplied to the 12 kW load,
and the grid frequency is then recovered to 60 Hz. Figure 20a shows that the dc-link output voltage
waveform maintains an almost constant voltage, even when the frequency decreases. Figure 20b shows
the 3-phase input voltage waveform. When the frequency is decreased from 1 to 1.2 s, the period
increases. Figure 20c shows the positive sequence voltage waveform that was detected by SOGI-FLL.
As shown in Figure 20b, since only negligible distortion occurs in the voltage, only the period changes
without large amplitude change. Figure 20d shows the 3-phase input current waveform. It can be
seen that, while the input current also only changes the period, it but does not cause large distortion.
Figure 20e shows the center frequency ω′, as extracted from SOGI-FLL. As soon as the grid frequency
changes, the FLL follows the grid frequency and synchronizes the output center frequency to the grid
frequency. The FLL gain value is designed considering the frequency tracking time of 0.1 s, but the
steady state takes slightly more time than the designed time due to the change of the grid conditions.
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Figure 20. Waveforms of simulation results when grid frequency decreased from 60 Hz to 45 Hz
drop; (a) the dc-link voltage; (b) the 3-phase input voltage; (c) the 3-phase input positive voltage
detected by SOGI-FLL; (d) the 3-phase input current; and, (e) the center frequency that was extracted
from SOGI-FLL.
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In Figure 21, the conventional synchronous reference frame-phase locked loop (SRF-PLL)
method [25] and SOGI-FLL method are compared to each other when the 3-phase grid voltage
frequency is decreased from 60 Hz to 45 Hz. During power supply to 50 kW load, the grid frequency
decreases to 45 Hz from 1 to 1.2 s, and then recovers to 60 Hz.

Figure 21. Waveforms of simulation results when frequency suddenly change (a) the DC-link
voltage, d and q-axis voltage in synchronous reference frame with conventional synchronous reference
frame-phase locked loop (SRF-PLL) (b) the DC-link voltage, d and q-axis voltage in synchronous
reference frame with proposed control method.

Figure 21a shows that the d-axis voltage in a synchronous reference frame oscillates significantly
when the grid frequency changes, and the dc-link voltage oscillation ranges from ±0.5 to 0.9 Vdc.
This oscillation of dc-link output voltage has the potential to adversely affect both the load and the
dc-link capacitor. The oscillation occurs because the bandwidth of the controller is low due to the low
cut-off frequency of the low pass filter. While this problem can be solved by increasing the cut-off
frequency, the low frequency harmonics cannot be blocked.

On the other hand, in the voltages in the synchronous reference frame using SOGI-FLL, as shown
in Figure 20b, no oscillation occurs in the d-axis voltage during the frequency change, and the transient
state of the dc-link voltage is improved by about 50%.

As a result, the conventional SRF-PLL method takes a long time to stabilize the overshoot of
the d-axis current controller in case of a frequency change because of the bandwidth problems in the
controller due to digital filters, however, the proposed control method that is based on SOGI-FLL does
not use these digital filters, so it is possible to stable and fast transient control.

5. Experiment Results

An experiment was performed to verify the feasibility of the proposed control method that is
applied in a 3-phase AC/DC PWM converter for a DC distribution system. The configurations of the
experimental system and power stacks are shown in Figures 22–24, and the experimental parameters
are shown in Table 1.
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Figure 22. Configuration of the experiment system. MC: Magnetic Contactor.

Figure 23. Experiment setup 1 of the 3-phase AC/DC PWM converter.
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Figure 24. Experiment setup 2 of the 3-phase AC/DC PWM converter. SMPS: switched-mode power
supply; DSP: digital signal processor; MCCB: molded case circuit breaker.

Figure 25 shows the waveforms for the operating sequence of a 3-phase AC/DC PWM converter
for DC distribution. To prevent an excessive inrush current to the capacitor, the dc-link capacitor is
charged while using an initial charging circuit consisting of magnetic switch and a resistor. After the
initial charging is completed, the main magnetic switch is activated and the voltage is charged to the
capacitor up to the input phase voltage peak value of 311 Vdc. The controller then starts to operate and
the voltage increases up to 700 Vdc, which is the voltage reference, and the operation maintains steady
state. As the load capacity increases, the output current gradually increases and the voltage remains
constant, despite the increasing load.

Figure 25. Waveform of 3-phase AC/DC PWM converter operation.
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Figure 26 shows the input phase current waveform at the grid side when a load of 12.3 kW is
applied, which is the largest capacity used of those shown in Figure 25. Since the load capacity is lower
than that of the designed capacity of 50 kW, the current waveform includes the harmonics.

 

Figure 26. Waveform of input phase current of 3-phase AC/DC PWM converter.

Figure 27 shows the grid side input a voltage and current waveforms. The phase angle of the
input phase voltage was extracted while using the positive sequence voltage and phase detector
using SOGI-FLL without the need to use the PLL of the conventional control or the PLL used for the
coordinate transformation of the phase current. In addition, the power factor is controlled to be 1 by
adjusting the d-axis current command in the synchronous reference frame, which is a reactive power
component. The phase detection performance of SOGI-FLL is then verified by experiment waveform.

Figure 27. Waveform of input phase a voltage and current.

Figure 28 shows the 3-phase voltage waveform when a voltage drop (about 10%) occurs on the
b phase. Figure 28b shows the expanded waveform of Figure 28a when the voltage drop occurs,
and Figure 28c shows the waveform of the 3-phase positive sequence input voltage extracted while
using SOGI-FLL. The amplitude of the 3-phase positive sequence voltage decreases due to the voltage
drop. Even though the input 3-phase voltage is unbalanced, the extracted positive sequence voltage
using SOGI-FLL maintains the balanced condition.
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Figure 28. Waveforms of extracted 3-phase positive sequence input voltage using SOGI-FLL when the
b phase has voltage drop.

Figure 29 shows the positive and negative sequence αβ voltage and phase angle θ, before and after
the b phase voltage drop. In the case of the αβ voltage in the stationary reference frame, the amplitude
and phase angle of the positive sequence component are always the same as these of the grid side. While
the appearance of the negative sequence component is negligible at the steady state, the amplitude
varies depending on the distortion in the unbalance condition. The phase angle θ of the positive
sequence is always rotated in the same direction. In the case of a negative sequence, the magnitude,
direction, and shape of the phase angle change depending on the balance, unbalance, and distortion.
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Figure 29. Waveform of detected positive/negative sequence αβ voltage and phase angle θ (before and
after b phase voltage drop).

6. Conclusions

In this paper, we studied a control method using SOGI-FLL for a 3-phase AC/DC PWM converter
that is used in a DC distribution system. The proposed control method comprises a SOGI-FLL,
which performs positive sequence voltage extraction, phase angle extraction, and harmonic filtering
without an additional filter.

In DC distribution system, the power delivered to the load will depend on the 3-phase AC/DC
PWM converter that is connected to the grid. However, the conventional control method with PLL
used in 3-phase AC/DC PWM converter can not flexibly cope with the various conditions occurred in
the grid. Unlike the conventional method, the proposed control method using SOGI-FLL can allow for
the stable power to supply to the load in DC distribution even when various conditions occurred in
the grid because it have stable and fast transient characteristics.

Experiment and simulation applied to 50 kW 3-phase 2-level AC/DC PWM converter was
performed to verify the feasibility and effectiveness of the proposed control method. As a result,
stable and fast transient control was verified while using the proposed method, even if the input
voltage includes various harmonics, the frequency changes and a voltage drop occurs. Given those
results, it is expected that the proposed method based on SOGI-FLL is one of good candidates for DC
distribution system.
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Abstract: Among the grid service applications of high-voltage direct current (HVDC) systems,
frequency–power droop control for islanded networks is one of the most widely used schemes. In this
paper, a new frequency-power droop coefficient determination method for a mixed line-commutated
converter (LCC) and voltage-sourced converter (VSC)-based multi-infeed HVDC (MIDC) system is
proposed. The proposed method is designed for the minimization of power loss. An interior-point
method is used as an optimization algorithm to implement the proposed scheduling method, and the
droop coefficients of the HVDCs are determined graphically using the Monte Carlo sampling method.
Two test systems—the modified Institute of Electrical and Electronics Engineers (IEEE) 14-bus
system and an actual Jeju Island network in Korea—were utilized for MATLAB simulation case
studies, to demonstrate that the proposed method is effective for reducing power system loss during
frequency control.

Keywords: grid service of HVDC; frequency droop control; multi-infeed HVDC system; LCC HVDC;
VSC HVDC; loss minimization

1. Introduction

High-voltage direct current (HVDC) systems have played an important role in sub-marine
power transmission, due to economic advantages over their alternating current (AC) counterparts [1].
Nowadays, due to the complexity of modern power systems, HVDC systems are adopted in
practice, not only for constant power delivery between massive networks, but also to provide
grid services for island grids [2–8]. For example, in Korea, two line-commutated converter (LCC)
HVDCs, the 180-kV/300-MW Haenam–Jeju HVDC [9] and ±250 kV/400 MW Jindo–Jeju HVDC [10],
were constructed by the Korea Electric Power Corporation (KEPCO) for supporting Jeju Island and
integrating massive wind power plants. Furthermore, KEPCO is planning to construct one more
±150 kV/200 MW voltage-sourced converter (VSC) HVDC between the main grid and Jeju Island [11].

With the technical development of both the LCC and VSC HVDC systems, there are numerous
island networks with multi-infeed HVDC (MIDC) systems, encompassing both types of HVDCs,
similar to the Jeju Island case. According to trends, many studies have concentrated on the MIDC
systems [12–16]. Major research effort has been focused on the stable operation of the MIDC systems
by introducing novel indexes, such as the multi-infeed interaction factor (MIIF), multi-infeed effective
short-circuit ratio (MIESCR) [12], apparent increase in short-circuit ratio (AISCR) [13], and improved

Appl. Sci. 2019, 9, 606; doi:10.3390/app9030606 www.mdpi.com/journal/applsci126



Appl. Sci. 2019, 9, 606

effective short-circuit ratio (IESCR) [14]. In parallel with such research, some studies have concentrated
on the economic operation of MIDC systems, which is represented by optimal power flow (OPF) [17–20].
In two such studies [17,18], steady-state VSC–HVDC modeling methods and OPF formulations based
on the Newton–Raphson method are proposed. Although only a single HVDC system is considered in
these studies [17,18], the principle can be easily expanded to MIDC systems. In one study [19], a loss
minimization method with an AC/DC hybrid grid incorporating only VSC HVDCs is proposed, based
on an interior-point method. In another study [20], a similar method adopting both LCC and VSC
HVDC is proposed. However, the authors of the above studies only consider the steady-state values of
the HVDC systems. Thus, if the load profiles were different from the forecasted value, the previous
methods were unable to find the optimal set-point, because the forecasting error was not considered.

A common method used to satisfy the power balance between generation and load caused by the
forecasting error is frequency–power droop control [21]. Similar to conventional generators, HVDC
systems also adopt frequency–power droop controllers [22–24]. For economic operation of power
systems during frequency control, the calculation of droop coefficients is a significant issue, and the
coefficients are used to exploit multiple HVDC systems efficiently. It is practically important in the
case of an islanded network, because the islanded system has a small load level and high renewable
energy penetration, which cause high uncertainties in the power system. Due to those characteristics,
off-nominal frequency situations occur more frequently, and the frequency deviation is more severe
than the conventional large power network. In one study [25], an optimum calculation method of
voltage–power droop coefficients for multi-terminal HVDC (MTDC) systems is proposed. However,
the method could only be applied to the specific topology of the DC grid investigated in the paper.
Another study proposes an optimization-based droop coefficient calculation method to maximize
converter efficiencies for a low-voltage system [26]. A method to minimize DC transmission line loss
using voltage–current droop coefficients has also been proposed [27]. The above research suggests that
the droop coefficients of converters can be calculated by optimization of the problem. However, to our
knowledge, optimization problems have rarely been suggested to calculate frequency–power droop
coefficients of MIDC systems.

This paper suggests a method to determine the frequency–power droop coefficients of multiple
HVDCs in MIDC systems. First, we propose an optimization problem for MIDC systems, to determine
the operating points of HVDCs to minimize system loss. Using the results of the optimization problem,
we propose a droop coefficient design method based on Monte Carlo sampling. The proposed method
is verified by MATLAB simulation utilizing IEEE test systems and the actual networks of Jeju Island in
Korea. Using our method, a system operator can define the operating points and droop coefficients of
an MIDC system more efficiently.

2. Description of the Proposed Method

2.1. Optimazation Problem to Determine Operating Points

In this section, we formulate an optimization problem to determine the operating points of
multiple HVDCs, including LCC and VSC HVDCs. This study is different from previous studies
covering various type of HVDCs [22–25,27], because HVDCs can be regarded as active and reactive
power sources in MIDC systems. Also, only the outputs of multiple HVDCs are considered in the
optimization problem. In other words, generator outputs are considered as a constant in the problem.

2.1.1. Model Description

To formulate the constraints used in the optimization problem, power balance equations
and converter models are required. In the case of the VSC, which can synthesize sine-wave AC
voltage regardless of the residual network, the active and reactive power output—PVSC and QVSC,
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respectively—are regulated independently [28]. Therefore, a VSC can be considered similar to a PQ
load for the optimization, and the only consideration is the rated output power, as follows:√

P2
VSC(n) + Q2

VSC(n) < SVSC.rate(n), (1)

where SVSC.rate(n) is the rated apparent power of the VSC HVDC connected to the n-th bus. Note that
conversion loss of a VSC HVDC is ignored, because the input variables of controller are active and
reactive power output at the inverter side. However, for future work, the conversion loss of VSC
should be considered for solving overall optimization problems, including a DC system. The reactive
power output of the LCC, QLCC, is different from the VSC, and cannot be regulated independent of
the active power, PLCC [29]. As conversion loss of LCC is less than 1% in general, the loss can be
ignored [30]. Thus, QLCC can be presented as:

QLCC(n) = PLCC(n) tan Φ(n) (2)

where Φ(n) is the power factor angle of LCC HVDC connected to the n-th bus. The power factor angle
can be expressed as follows [31]:

tan Φ(n) =
2μ(n) + sin(2α(n))− sin(2α(n) + 2μ(n))

cos(2α(n))− cos(2α(n) + 2μ(n))
(3)

where

α(n) = cos−1

[
π

3
√

2B(n)T(n)V(n)

(
VDC.rate(n) +

3XC(n)PLCC(n)
πVDC.rate(n)

)]
(4)

μ(n) = cos−1

[
cos(α(n))−

√
2XC(n)PLCC(n)

B(n)T(n)V(n)VDC.rate

]
− α (5)

where V(n) represents voltage magnitude at n-th bus, and VDC.rate(n) is the rated DC voltage of the LCC
HVDC connected to the n-th bus. The transformer turn ratio and the number of six-pulse bridges at
the n-th bus are represented by T(n) and B(n), respectively. The reactance of the converter transformer
at the n-th bus is described by XC(n). An inequality constraint of an LCC HVDC can be represented as

PLCC(n) < PLCC.rate(n) (6)

where PLCC.rate(n) is the rated active power of the LCC HVDC connected to n-th bus. Note that the
index of the bus number (n) is utilized to express HVDC system connected to the n-th bus, which means
multiple HVDCs can be considered in the proposed models, because each converter is connected to
a different bus.

For every bus, the injected active (P) and reactive (Q) power, including generator output
(PGEN and QGEN), VSC output (PVSC and QVSC), LCC output (PLCC and QLCC), and connected load
(PLOAD and QLOAD) satisfy the following constraints [32]:

PGEN(n) + PVSC(n) + PLCC(n)− PLOAD(n)−
N
∑

k=1
V(n)V(k){G(n, k) cos(θ(n)− θ(k)) + B(n, k) sin(θ(n)− θ(k))} = 0 (7)

QGEN(n) + QVSC(n) + QLCC(n)− QLOAD(n)−
N
∑

k=1
V(n)V(k){G(n, k) sin(θ(n)− θ(k))− B(n, k) cos(θ(n)− θ(k))} = 0 (8)

where the phase angle of n-th bus is represented by θ(n). An injected active and reactive power
of the n-th bus can be represented by P(n) and Q(n), respectively. The real and imaginary parts
of the admittance matrix between the n-th bus and k-th bus are represented as G(n,k) and B(n,k),
respectively. If the generator, VSC, LCC, or load is not connected to bus n, the value of each symbol
is zero. Note that PGEN and QGEN are pre-determined by the system operator, and PLOAD and QLOAD

128



Appl. Sci. 2019, 9, 606

are previously forecasted values, which are considered as constant in the optimization problem.
The security constraint of the AC voltage magnitude for per unit (p.u.) system can be represented as:

0.95 p.u. < V(n) < 1.05 p.u. (9)

2.1.2. Optimization Formulation and Solving Method

The vectors of the phase angle and voltage magnitude are represented as θ and V, respectively.
The output references of VSC and LCC HVDCs can be represented by vector form, as PVSC, QVSC,
and PLCC. Note that the reactive power of LCC HVDC, QLCC, can be represented in terms of PLCC and
V using Equations (2)–(5), so it is not necessary to include QLCC with the unknown vector. Therefore,
the unknown vector, X, can be defined as:

X =
[

PT
VSC QT

VSC PT
LCC θT VT

]T
. (10)

The purpose of the proposed problem is to minimize the system loss. Since conversion loss is not
included in MIDC systems, only the line loss of AC systems is considered in the objective function.
The objective function of the optimization is represented as:

minimize f =
N

∑
j=n

{PGEN(n) + PVSC(n) + PLCC(n)− PLOAD(n)} (11)

where N is the number of buses. Note that the difference between the active power injected to
the network, PGEN, PVSC, PLCC, and PLOAD is the same as the system loss. Only LCC and VSC
HVDCs are considered as frequency-supporting resources in this paper, with the assumption that
conventional generators do not participate in frequency support. However, conventional generators
can be considered in the optimization problem with a little modification, because the generators can
be represented as active and reactive power sources similar to the VSC HVDC system. Additionally,
the security constraint of the conventional generators can be represented by simple inequality of active
and reactive power [33].

To solve the optimization problem, an interior-point method is used [34,35]. For the proposed
optimization problem, an interior-point method cannot guarantee global optimality. However, as the
solution found by the method is better than a trivial solution, the interior-point method can be
successfully applied to the proposed optimization problem.

2.2. Frequency–Power Droop Coefficient Determination Method

In the optimization problem described in the previous section, the forecasted load profile is used to
calculate the optimal operating points. However, load characteristics are different from the forecasted
values, because there are uncertainties in the load forecasting procedure. Furthermore, uncertainty
increases with the integration of bulk renewable energies [36]. In this situation, the outputs of multiple
HVDCs form new operating points following droop characteristics, the coefficient of which is generally
proportional to the capacities of the converters [37]. The conventional method for determining droop
coefficients is simple, but the coefficients cannot create a more efficient solution. Therefore, a droop
coefficient design method based on an optimization problem is required to operate MIDC systems
more economically. We propose a statistical method to obtain optimal droop coefficients in this section.

2.2.1. Stochastic Optimization Based on the Monte Carlo Sampling Method

To determine the droop coefficient in the proposed method, the Monte Carlo sampling method
was utilized [38]. In the Monte Carlo sampling method, a number of load profiles are generated and are
utilized for solving the optimization problem. All cases are generated based on probabilistic function,
such as normal distribution, to represent possible realizations in the presence of forecast errors. For each
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load profile, the optimization problem of the previous section is solved, and operating points of HVDCs
are calculated. The sampling number is represented by i, and the output of LCC and VSC HVDCs
connected to the n-th bus at the i-th sample is represented as PVSC(n,i) and PLCC(n,i), respectively.

Furthermore, frequency deviation for each load profile is also calculated in this stage. To derive
frequency deviation, the relationship between load profile and grid frequency should be established.
Therefore, on the assumption that only HVDCs participate in frequency regulation, we use the swing
equations of the power network, including frequency-supporting HVDCs and a load with damping
effects, as follows [21]:

N

∑
j=n

{PGEN(n, i) + PVSC(n, i) + PLCC(n, i)− PLOAD(n, i)} = Meq
dΔω(i)

dt
+ DΔω(i) (12)

where Meq is the moment of inertia and D is the load damping coefficient. The deviation of grid
frequency is represented by Δω. As the steady-state value (i.e., Δω = 0) of the left side of Equation (12)
is equal to zero, and the active power of the HVDCs can be represented by the corresponding droop
coefficients, the frequency deviation can be described as

Δω(i) =
− N

∑
n=1

ΔPLOAD(n, i)

N
∑

n=1

1
RVSC(n)

+
N
∑

n=1

1
RLCC(n)

+ D
, (13)

where ΔPLOAD(n,i) is the change in the load profile of the n-th bus at the i-th sample, which is defined
by the Monte Carlo sampling method. RVSC(n) and RLCC(n) represent the droop coefficient of the VSC
and LCC HVDC connected to the n-th bus, respectively. The frequency deviation cannot be derived
directly from Equation (13), because the droop coefficients of the HVDCs, which are not determined
yet, are utilized to derive the frequency deviation. Therefore, we assume that the sum of coefficients is
constant, as follows:

N

∑
n=1

1
RVSC(n)

+
N

∑
n=1

1
RLCC(n)

=
1

Req
(14)

where Req is an equivalent droop coefficient of the total system. Note that the active power of HVDCs
during grid frequency only depends on the ratio of the droop coefficient, so power sharing between
multiple HVDCs can be regulated properly while satisfying the constraint (14).

2.2.2. Graphical Analysis to Determine Droop Coefficients

In this section, we derive the droop coefficients of LCC and VSC HVDCs by graphical analysis.
Figure 1 shows a concept of the proposed method of droop coefficient determination. Red points
are operating points of LCC and VSC HVDCs determined by the optimization problem. Grey dots
represent optimization results of the Monte Carlo samples. The points are categorized by active power
reference and grid frequency, so that the frequency–power droop can be represented by the slope of
the blue line, to minimize the root mean square error between the points above the blue line and the
grey dots. The slopes of the blue lines are presented as −RVSC,0 for VSC HVDC and −RLCC,0 for the
LCC HVDC. Note that the determination method is called the “graphic method”, in that curve-fitting
is exploited for coefficient determination.

We can derive droop coefficients of LCC and VSC HVDCs from Figure 1, but the coefficients
may not satisfy Equation (14), because the power loss of the system is not considered in (12). We can
determine final values of the coefficients by the additional correction method. As active power sharing
ratio of HVDCs depend on the ration of droop coefficients, final droop coefficients are corrected by
multiplying the same constant to RLCC,0 and RVSC,0. Thus final coefficients are determined as
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RVSC(k) =
(

N
∑

n=1

Req
RVSC,0(n)

+
N
∑

n=1

Req
RLCC,0(n)

)
RVSC,0(k)& RLCC(k) =

(
N
∑

n=1

Req
RVSC,0(n)

+
N
∑

n=1

Req
RLCC,0(n)

)
RLCC,0(k), (15)

where RVSC,0(n) and RLCC,0(n) are the coefficients of the HVDCs connected to n-th bus, derived from
the graphical analysis.
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Figure 1. Concept of the method to determine frequency–power droop coefficients of voltage sourced
converter (VSC) and line commutated converter (LCC) high-voltage direct currents (HVDCs).

2.3. Overall Procedure

Figure 2 shows the overall procedure of the proposed method. First, the operating points of
multiple HVDCs are derived from the forecasted load and scheduled output of generators using
Equation (11). The Monte Carlo sampling method extracts irregular load profiles, and the active power
references and frequency deviation for all samples are calculated by the samples. Note that the flow of
multiple scenarios is represented by a dotted line. Finally, using the graphical approach described in
Figure 1, the frequency–power droop coefficients of VSC HVDCs and LCC HVDCs are determined.

 

 

Figure 2. Overall procedure of the proposed method to calculate droop coefficients.

3. Simulation Results

Case studies were performed using two test systems. First, we verified the proposed method
using the IEEE 14-bus test system, which is widely utilized to evaluate algorithms considering
transmission networks [39]. Then, we provided the simulation results considering an actual power
system, i.e., that of Jeju Island in Korea.
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3.1. Simulation Results for the IEEE 14-Bus Test System

Figure 3 represents the modified IEEE 14-bus test system, including both LCC and VSC HVDC
systems. The base of the complex power is 100 MW. Synchronous condensers are eliminated from the
original test system, and only a single generator at Bus #1 is considered for simplification. Because Bus #1
is the reference bus, and the voltage-controlling generator is installed at the bus, the voltage magnitude
and angle are 1 p.u. and 0 rad, respectively. The active power of the generator is fixed at 50 MW (0.5 p.u.)
because it is not considered as a variable in the optimization problem. A 500 kV/200 MW LCC HVDC
and a 400 kV/200 MW VSC HVDC are included at Bus #2 and #3, respectively. The parameters of the
LCC HVDC are modified from the well-known CIGRE BENCHMARK model [40]. In the test system,
the variables to be determined are PLCC, PVSC, and QVSC. Note that the harmonic filters and shunt
capacitors of the LCC HVDC system are considered at the admittance matrix.

We compared the steady-state results of two conventional methods and the proposed method.
In the first method, VSC HVDC operates in unity power factor (UPF) mode, so that the reactive
power output is zero. In the second method (VC mode), the VSC HVDC controls AC voltage to
be as high as possible. In both methods, the active power references of LCC and VSC HVDCs are
identical. The forecasted load profile in the test system is illustrated in Figure 4, which is applied to
both case studies.

 

Figure 3. Configuration of Institute of Electrical and Electronics Engineers (IEEE) 14-bus test system.

 
Figure 4. Forecasted load profile for the IEEE 14-bus test system.

Figure 5 shows voltage profiles with the conventional and proposed method. Voltage profiles
are investigated in the case studies, in that security constraints of AC voltage should be satisfied by
utilizing the optimization problem. In UPF mode, the AC voltage profiles of most buses are lower than
the lower bound (Vlb), as shown by the blue areas of Figure 5. On the other hand, in VC mode, AC
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voltage is maintained within the operational boundaries, because VSC HVDC compensates reactive
power into the network as much as possible. The voltage is also maintained within its boundaries using
the proposed method, because constraints on AC voltage are reflected in the optimization problem.
However, the amount of reactive power with the proposed method is smaller than that of the VC
mode, as shown in Figure 5.

Figure 5. Voltage profile of the conventional and proposed methods in the IEEE 14-bus test system.

Table 1 shows the comparisons of active power outputs of LCC and VSC HVDCs, and the resulting
power loss in three cases. As the outputs of LCC and VSC HVDCs are intended to be identical in the
conventional methods, both HVDCs provide the same active power into the power network. On the
other hand, VSC HVDC provides more active power than LCC HVDC in the case of the proposed
method to minimize system loss. As a result, the active power loss of the test system with the proposed
method is reduced 13.89% and 11.79% from that of the UPF mode and VC mode, respectively. Even the
voltage level is higher when VSC HVDC operates on VC mode than the proposed case; power loss
is smaller when using the proposed method, because the current flow increases for reactive power
compensation in VC mode. As shown in Figure 5 and Table 1, the simulation results suggest that the
proposed method is effective with steady-state characteristics for the IEEE 14-bus test system.

Table 1. Comparison of power in three cases.

UPF Mode VC Mode Proposed

Output of LCC HVDC (PLCC) 112.02 MW 111.96 MW 84.08 MW
Output of VSC HVDC (PVSC) 112.02 MW 111.96 MW 139.26 MW

Power loss 5.04 MW 4.92 MW 4.34 MW

UPF: unity power factor, VC: voltage control.

To verify the droop coefficient determination method, we generate 10,000 load profiles reflecting
forecasting error. We assume that the active and reactive load profile follows the normal distribution
function, in which the average is the forecasted value and the standard deviation is 3% of the forecasted
value. According to a previous study [21], we define Req and D as 0.1 and 2, respectively. Figure 6
illustrates the graphical analysis of the frequency–power droop coefficient design methodology. As the
optimization results are scattered as grey dots in Figure 6, we can define the droop coefficients of LCC
and VSC HVDCs—RLCC and RVSC, respectively—like their corresponding lines.

Using Equation (15), we can derive the final droop coefficient values as RLCC = 0.227 and
RVSC = 0.179. The calculated droop coefficients are verified by comparison with the conventional
case. The conventional case is defined as the situation where the operating points are determined
by the optimization, and the droop coefficients are determined proportional to their capacity [41].
To verify the proposed determination method, we utilized 10 randomly sampled load profiles. Table 2
shows the comparison of average outputs and power losses. As described in Table 2, the deviation
of power loss increased using the proposed method to reduce total system loss. From the simulation
results in Tables 1 and 2, we suggest that the proposed optimization problem and the droop coefficient
determination method enhance the efficiency of the test system.
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Figure 6. Graphical coefficient determination method applied to the IEEE 14-bus test system.

Table 2. Comparison of power loss between randomly sampled load profiles.

Conventional Proposed

Deviation of LCC HVDC’s output (ΔPLCC) −0.32 MW −0.28 MW
Deviation of VSC HVDC’s output (ΔPVSC) −0.32 MW −0.35 MW

Deviation of power loss −36.41 kW −36.74 kW

3.2. Simulation Results for the Jeju Island System

Figure 7 shows the configuration of the Jeju Island power network [42]. There are four generators
and three HVDC systems, i.e., two LCC HVDCs and one VSC HVDC. The first LCC HVDC is
a 180 kV/300 MW system constructed in 1998, and the second LCC HVDC is a ±250 kV/400 MW
system constructed in 2013. The VSC HVDC considered in the simulation is a planned installation
with a capacity of ±150 kV/200 MW. The base of complex power is 100 MW, and the base voltage is
154 kV. The active power of generators, line impedance, and data of the shunt compensator in the test
system are represented in Appendix A. The actual load data from Jeju Island at peak time is utilized,
as illustrated in Figure 8. The simulation scenarios are similar to those with the IEEE 14-bus test
system. Only one generator at Jeju 3C/S controls the voltage magnitude at 1.04 p.u., and the other
generators only regulate active power, which means that the reactive power of these generators is zero.
The output of the conventional method is determined proportional to capacity.

Figure 7. Configuration of the Jeju Island network with multiple HVDCs.

Table 3 shows the results of steady-state analysis using the conventional and proposed methods.
As the outputs of multiple HVDCs are determined proportional to their capacity in the conventional
method, the active power ratio of Jeju #1, #2, and #3 is 3:4:2. On the other hand, the results of the
proposed method determine the operating points of the HVDCs using an optimization problem. Thus,
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power loss in the system was reduced 13.82% from that of the conventional method. The results
suggest that operation with the proposed optimization problem would reduce power loss. In the
second case, Jeju #1 and Jeju #3 are connected to same bus. Among two HVDC systems, the ratio
of active power is not significant, because they are connected to same bus. However, the references
to them are determined because LCC HVDC absorbs reactive power different from the VSC HVDC.
Therefore, the proposed optimization problem considers not only active power but also optimal
reactive power flow.

 
Figure 8. Load profile for Jeju Island.

Table 3. Comparison of power loss between the conventional and proposed methods.

Conventional Proposed

Output of Jeju #1 (PLCC1) 132.82 MW 50.17 MW
Output of Jeju #2 (PLCC2) 177.09 MW 305.73 MW
Output of Jeju #3 (PVSC) 88.55 MW 41.80 MW

Power loss 6.26 MW 5.50 MW

Figure 9 presents a graphical analysis of droop coefficient determination. To verify the droop
coefficient determination method, 1000 randomly extracted scenarios were utilized. Equivalent droop
coefficients Req and D were assumed to be identical to the previous case study. As a result, we could
derive the droop coefficients, RLCC1, RLCC2, and RVSC, as 0.298, 0.233, and 0.426, respectively.
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Figure 9. Graphical analysis of the coefficient determination method applied to the Jeju Island system.

The droop coefficients derived from Figure 9 are verified by comparison with the conventional
case, in which the steady-state system is determined by an optimization problem. The only difference
between the conventional and proposed methods is that the droop coefficients are proportional to
capacity in the conventional method. Table 4 shows the average loss deviation from the power loss at
steady-state for 1000 random cases. Power loss deviation is reduced 0.48% using the proposed droop
coefficients. The difference is very small because the droop coefficient in the conventional method is
very similar to that of the proposed method; however, the power loss is successfully reduced using the
proposed method.
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Table 4. Comparisons of average power loss deviation for irregular load profiles.

Conventional Proposed

Deviation of power loss 1.683 kW 1.675 kW

4. Conclusions

We propose the use of an optimization problem for MIDC systems. The optimization problem
considers both the LCC and VSC HVDCs, and we derived their models to analyze the efficiency
of the AC network. The purpose of the problem is loss minimization. Furthermore, we utilized
the optimization problem to determine the frequency–power droop coefficients of multiple HVDCs,
considering characteristics of both the LCC and VSC HVDCs. The determination method calculates
the coefficients by minimizing the root mean square error between the numerous optimization results
from the Monte Carlo sampling method, asw well as the linear-approximated values. As several small
optimization problems are solved in the proposed method rather than one big problem, the proposed
method reduces computation burdens compared with conventional stochastic optimization problems.
In other words, the computation time increases arithmetically with the number of samples for our
method. Two test systems, an IEEE 14-bus test system and an actual Jeju grid, were used to verify
the proposed method. From the simulation results, we suggest that the proposed method efficiently
reduces loss in the power system. For future work, consideration of an overall system, including
HVDC networks and an AC system for the sending side, is required. By investigating the overall
system using the proposed method, we can find globally optimized operating points of multiple
HVDC systems, in order to enhance power system efficiency.
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Appendix A

Table A1. Bus data of the Jeju Island network.

Number Name PGEN [MW] QSHUNT [MVAr] PLOAD [MW] QLOAD [MVAr]

120 Jeju T/P 200.1 −24.4 0 0
121 Jeju C/S 0 100 0 0
122 Jeju T/S 75.4 −14.2 0 0
130 Dongjeju 0 0 123.1 39.1
140 Sinjeju 0 0 149.3 47.5
150 Halim C/C 0 0 21.8 6.9
160 Anduk 0 10 89 28.3
170 Namjeju 88.3 30.8 0 0
180 Sinseogui 0 0 77 24.5
190 Hala 0 0 135.2 20
200 Seongsan 0 0 69.4 22.1
210 Pyoseon 0 0 64.1 20.4
220 Sanji 0 0 84.6 26.9
310 Seojeju 0 168 0 0
331 Halim 0 0 58.5 18.6
350 Jocheon 0 0 59 18.8
360 Gumak C/S 0 34 0 0
400 Jeju 0 0 20 6.4
701 Jeju3C/S 195 0 0 0
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Table A2. Branch data of the Jeju Island network.

To From Id R [p.u.] X [p.u.] B [p.u.]

Jeju T/P Jeju C/S 1 0 0.00001 0
Jeju T/P Hala 1 0.012046 0.058234 0.089314
Jeju T/P Jocheon 1 0.008051 0.038281 0.028533
Jeju T/P Jeju3C/S 1 0.000583 0.006068 0.171872
Jeju C/S Jeju T/S 1 0 0.00001 0
Jeju C/S Dongjeju 1 0.005688 0.026864 0.010699
Jeju T/S Seongsan 1 0.012916 0.060538 0.030189
Jeju T/S Jeju3C/S 1 0.000586 0.006004 0.171872
Dongjeju Sinjeju 1 0.007066 0.033294 0.013268
Dongjeju Sinjeju 2 0.007066 0.033294 0.013268
Dongjeju Pyoseon 1 0.014445 0.071026 0.142377
Dongjeju Sanji 1 0.000404 0.004380 0.087103
Dongjeju Sanji 2 0.000404 0.004380 0.087103
Dongjeju Jeju3C/S 1 0.000583 0.006068 0.171872
Dongjeju Jeju3C/S 2 0.000583 0.006068 0.171872
Dongjeju Jeju3C/S 3 0.000583 0.006068 0.171872

Sinjeju Seojeju 1 0.001280 0.005670 0.002459
Sinjeju Seojeju 2 0.001280 0.005670 0.002459

Halim C/C Seojeju 1 0.012159 0.053845 0.023354
Halim C/C Halim 1 0.000110 0.000100 0

Anduk Namjeju 1 0.000759 0.006820 0.121576
Anduk Namjeju 2 0.000763 0.006810 0.121638
Anduk Sinseogui 1 0.009642 0.044350 0.019041
Anduk Hala 1 0.014618 0.066670 0.028975
Anduk Gumak C/S 1 0.006367 0.029764 0.012026
Anduk Jeju 1 0.007632 0.035500 0.014904

Sinseogui Hala 1 0.008861 0.0740814 0.017478
Hala Pyoseon 1 0.009614 0.046274 0.067795

Seongsan Pyoseon 1 0.001086 0.006344 0.190712
Seongsan Jocheon 1 0.009854 0.046712 0.031940

Seojeju Jeju 1 0.002120 0.009875 0.004140
Halim Gumak C/S 1 0.002037 0.009525 0.003848
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Abstract: With the rapid expansion of renewable energy and digital devices, there is a need for
direct current (DC) distribution technology that can increase energy efficiency. As a result, DC
distribution research is actively underway to cope with the sudden digitization and decentralization
of load environment and power supply. To verify the possibility of DC distribution, Korea Electric
Power Corporation (KEPCO) Research Institute made a DC distribution system connected with a
real power system in Gwangju. The construction of the demonstration area mainly includes design
of protection and grounding systems, operating procedures of insulation monitoring device (IMD),
and construction of power converters. Furthermore, this paper goes beyond the simulation and
the lab testing to apply DC distribution to a real system operation in advance. It is designed as a
long-distance low-loaded customer for rural areas and operated by the DC distribution. In addition,
safety and reliability are confirmed through field tests of DC distribution elements such as power
conversion devices, protection and grounding systems. In particular, to improve the reliability of
non-grounding system, the insulation monitoring device was installed and the algorithms of its
operational procedures are proposed. Finally, this paper analyzes the problems caused by operating
the actual DC distribution and suggests solutions accordingly.

Keywords: DC distribution system; AC/DC converter; protection; grounding system; insulation
monitoring device (IMD)

1. Introduction

The share of DC power consumption in PCs, TVs, DC buildings, Internet Data Centers (IDCs),
and DC homes is expected to increase. In particular, EPRI in the United States estimates that digital
devices will account for 50% of the world’s total DC load in 2020. In addition, due to the expansion
of renewable energy, such as photovoltaics (PV) generation and fuel cells, there is a need for a new
high-quality electricity service, such as DC distribution service technology. In existing AC distribution
systems, the power conversion to DC was required to take advantage of the distributed resources
or the DC consumers, which resulted in additional cost and power losses. However, in the case of
DC distribution systems, the power conversion step can be omitted to enable a more efficient and
economical operation, compared to the existing AC distribution system, when the DC distributed
resources and DC consumers are connected [1]. Previous studies have confirmed the economics of the
Direct Current (DC) distribution system [2]. In addition, the DC distribution system can effectively
control voltage using the power conversion device instead of the transformer, and it can limit the
fault current in case of an accident at the load side and prevent accidents from spreading to the main
grid. However, there are still difficulties for DC distribution system operation and there is insufficient
research on connecting with the actual grid system. The accurate detection and location of fault results
in fast restoration of the system are needed [3]. In previous studies, the lab test was performed prior to
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applying the DC distribution to the actual grid system, confirming the tremendous potential of the DC
distribution system [4]. In this paper, the DC distribution was applied to the actual grid system and
confirmed the possibility of its commercialization. The construction of a demonstration area has been
verified by simulations and field tests. Also IMD, the DC distribution fault detecting system, has been
installed and its operating algorithms are proposed.

2. Design of DC Distribution System

This paper represents the design of the DC distribution system for the long-distance low load in
rural area. Because the DC distribution system is entirely different from the existing AC distribution
system, it should begin with the fundamental reviews of the components to supply DC power to the
customers [5–7]. This chapter represents the design of DC distribution systems, including protection
and grounding.

2.1. Grounding and Protection

The grounding and protection of the DC distribution system in constructing the DC distribution
system are an indispensable factor for the stable operation of the system, together with the safety of the
users and the protection of the equipment. This chapter describes grounding and protection methods
to be applied to the DC distribution system.

2.1.1. Grounding

The classification of grounding, which saves a human life and protects properties from electric
shock that could cause fire and lightning, follows the protection method of IEC 60364, IT(Isolate-Terra),
TN(Terra-Neutral), and TT(Terra-Terra) methods. Each grounding method is classified in accordance
with the purpose and the use. In this study, the IT grounding system, which is deemed to be the
most suitable for the DC distribution system, is applied to the plan. In the case of the IT grounding
method, none of the power lines are grounded to earth, and only the consumer side conductive
enclosure is grounded. Unlike other grounding methods, the IT grounding method is suitable for the
DC distribution system because it does not cause any electrolytic corrosion appearing on the earth
pole [8].

In order to check the safety of the IT grounding system, the ground fault simulation, which is DC
distribution with a 750 Vdc of 1 km line and IT grounding system, was performed (Figure 1). When a
ground fault is simulated on the pole, no-fault current flows and the rise of ground potential is zero.
In practice, however, a slight voltage rise may occur due to the isolation between the system and the
ground. In the case of IT grounding, the ground potential rise does not occur when a ground fault
occurs. However, when the second ground fault occurs, a fault current flows to the ground, and the
rise of ground potential is very steep. According to reference [9], the rise of ground potential is less
than 10 mV when the insulation resistance is 1 MΩ, and it is considered as a ground fault when the
insulation resistance value is less than 20 Ω. Figure 2 shows the relation between the pole voltage,
insulation resistance, and touch voltage of the DC distribution system of the IT ground. As can be
seen from the figure, the IT grounding system hardly causes the ground potential rise, even if the
insulation level is low. The ground fault in the underground and overhead lines are then simulated.
The graph shown in Figure 3a shows the simulation result of the contact voltage at the ground fault in
the underground line. In the event of a fault, a voltage close to the terminal voltage is generated and
is decreased in 4 μs, falling below the maximum contact voltage of 120 Vdc. After 10 μs, the contact
voltage drops below 1 Vdc. Since the period of a dangerous level of voltage generation is very short,
the danger to the human body is very low.
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Figure 1. Ground Fault IT(Isolate-Terra) System.

Figure 3b shows the ground fault in the overhead line. In the case of an overhead line, the
resonance of the contact voltage occurs at the beginning of the fault due to the inductance of the line.
Theoretically, the maximum impulse voltage should be the same as the pole voltage at the beginning
of the fault. However, the simulation results show that the initial impulse voltage is relatively low
because of the low capacitance of the line. However, in the case of the overhead line, in contrast to
the underground line, the resonance phenomenon of contact voltage attributed to fault occurred for a
relatively long 100 μs. However, the voltage exceeding 120 Vdc dissipates almost instantaneously with
the occurrence of the fault. Therefore, one can conclude that safety is not a concern in this case. Based
on international standards, it is acceptable for the human body to be exposed to 800 Vac for 0.04 s.
The simulation results of the aforementioned overhead line and the underground line all disappeared
within 100 μs. Therefore, it is considered that the discharge current due to the total capacitance between
the DC line and the ground in the IT system moves quickly, and no danger to the human body is
anticipated. Given that the TT and TN grounding methods connect one power line to the ground
through a protective conductor, a ground fault in any one of the power lines causes a fault current to
be generated because of the closed circuit between the power sources by the protective conductor. The
IT grounding method, on the other hand, is advantageous even in the case that the one-wire ground
fault in the power line does not cause an interruption of the power or the load supply because it does
not constitute a closed circuit. However, even when the IT grounding method is used, if a two-wire
ground fault occurs, a closed circuit is formed and causes a ground fault. Therefore, in order to secure
the advantages of the IT grounding method and prevent electric shock accidents, it is important to
detect the accident on the one-wire ground fault and take measures to prevent a two-wire ground
fault. The IT grounding method is characterized by a decrease in the insulation resistance between the
power line and the ground in the event of a ground fault. Such deterioration of insulation resistance
leads to insulation breakdown, which can cause damage due to electric shock and fire. To prevent
such failure, the IEC 61557 specifies that an insulation monitoring device (IMD) should be installed in
an IT grounding system environment to protect facilities and the human body from one-line ground
fault [10]. Therefore, an IMD is installed and applied in this study.

Figure 2. Correlation diagram of pole voltage, insulation level, and contact voltage in IT ground.
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(a) (b) 

Figure 3. Simulation of ground fault in DC distribution line of IT ground: (a) underground line;
(b) overhead line.

2.1.2. Fault Detection Device

In the case of non-grounded systems, it is difficult to detect grounding faults by a conventional
method. Therefore, real-time analysis of the insulation resistance in the energized-line is necessary.
Thus, an IMD is installed.

IMD is commonly used to measure insulation resistance in closed circuit rail or medical
devices [11]. Currently, the development of IMD technology for the distribution line is in the early
stage, and there is no application for outdoor use. Furthermore, it is necessary to study operation
standards and procedures. Therefore, this paper confirms the applicability of IMD and presents the
operational procedures. It is necessary to set appropriate alarm value to detect ground faults while
operating the distribution system and coping with system stoppage or re-input according to the
situation. However, there is currently no standard for IMD alarm set-points for DC distribution lines.
However, in “Selection and erection of electrical equipment—isolation, switching and control” of IEC
60364-5-53 Annex H, the pre-warning is specified as 100 Ω per 1 V and the warning as 50 Ω per 1 V.
The setting value of IMD is recommended to be set to 1.5 times this value. It is essential to select an
appropriate alarm set-point because the IMD for the DC distribution line monitors the insulation of
the DC distribution line and the associated power converter. Therefore, a flow chart of the operation
procedure was proposed for determining the IMD alarm setting value required in the field application
(refer to Figure 4). In the case of alarm 1 of IMD, be cautious of the possibility of decreased insulation
resistance in the line, while the alarm 2 should immediately trigger stopping of the operation, followed
by an inspection. This is to prevent possible grounding caused by animals or humans, which can
lead to secondary failure, which may lead to deadly accidents. In this study, the alarm value is set by
measuring the real-time insulation resistance value according to the proposed operating procedure for
the DC distribution to be applied to the actual grid system.
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Figure 4. Proposed insulation monitoring device (IMD) operating procedures.

2.1.3. Protection

The purpose of the power system protection is to secure people and equipment by eliminating
faults or limiting voltage and current below a certain level. If a failure occurs in the DC distribution
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system, the protection operation should be performed for the faulty part, and the fault should be
detected, even when it does not require any protective operation [12,13].

In the DC distribution system, the protection system can be divided into three parts: power
supply rectifier, DC distribution line, and consumer. The protection system should be determined by
the system grounding method, voltage level, network configuration, and power converter structure.
Protection of the system shall meet the following requirements.

• The risk level should not be higher than the existing AC system.
• Faults should be detected and removed.
• Fault section should be separated.
• There should be no breakdown of equipment due to line failure.
• Safety should not be threatened by equipment failure.

The protection requirements of the above system can be satisfied by protective devices such as
converter protection system, circuit breaker (CB), overcurrent/overvoltage relay, surge protection
device (SPD), IMD, grounding system, electrical isolation, and insulation cooperation.

As shown in the Figure 5, the protection system of the DC distribution system was designed.
First of all, a surge protection device needs to be installed on the primary side of the transformer to
protect against overvoltage which can flow through the high-voltage line. The transformer does not
need to be grounded on the secondary side because the flow of current through the earth can cause
permanent failure. A DC circuit breaker (DCCB) was installed on the rectifier output side to prepare
for overcurrent and short circuit faults that may occur in each pole. In addition, the DCCB can be used
when the rectifier between the high voltage line and the DC line needs to be independent, allowing for
the independent operation of the lines on each end. At this moment, the converter system can supply
limited fault current when the fault occurs and control the DCCB by the measured fault results. Since
the use of the IT grounding system, the IMD is installed to monitor grounding faults. If a grounding
fault occurs in the DC line, the insulation monitoring device controls the DCCB, and if the grounding
situation is not resolved, the DCCB between the transformer and the converter system is controlled to
cut off the power supply. In addition, an SPD is installed to protect the converter system and the line
against the DC line overvoltage input. Likewise, an SPD is installed in front of the customer’s side to
provide protection against overvoltage inflow to the customer’s network and the inverter. In addition,
a DCCB is installed in front of the customer’s inverter to protect the DC line from the fault of the
customer’s network and the inverter. The inverter limits the amount of current passing through at the
time of the fault to ensure the normal operation of the CB, while the CB installed on the customer’s
power supply line performs the protection operation if the operating characteristics curve in the event
of failure.

Figure 5. Design of protection system for DC distribution.

3. Field Test

Before applying the DC distribution element to the field, the application test of the IMD and the
converter system device is carried out on the DC distribution line installed in the power test center.
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The power test center is a demonstration site similar to the environment in which actual grid system
are installed. The center was constructed to improve the reliability of a device under test (DUT) and
to confirm its performance (Figure 6 and Table 1). A 70SQ CV cable on the demonstration site, a
long-range 700 m power line, was used in the test.

Figure 6. Configuration of DC demonstration site.

Table 1. Specifications of component in power test center.

Item Capacity Topology

AC/DC Converter (Rectifier) 100 kW 2-level type

DC/DC Converter (2EA) 15 kW Buck-Boost type

DC/AC Converter (2EA) 15 kW 2-level type

Transformer 100 kVA -

3.1. Fault Detection

To verify the IMD, at the DC demonstration site, the application test was divided into two cases.

(a) Case 1

The condition of first IMD application test is shown in Figures 7 and 8. As shown in the figures,
the P-pole grounding fault occurred in the middle of the power line, and the measurement position of
the IMD is the output side of the AC/DC converter. Also, the short circuit resistance of the grounding
fault simulator was set to 0.632 Ω to limit the grounding fault current to 600 A maximum, and the fault
duration was set to 10 s. The IMD generated Alarm 1 and 2 at approximately 5 s after the fault occurred.

Figure 7. Fault detection test case 1.
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Figure 8. Fault detection test case 1 result waveform.

(b) Case 2

In case 2, the IMD performance test was conducted with varying loads. The configuration is
shown in Figure 9. The real-time insulation resistance of the IMD was measured when the IMD
was connected to the AC/DC converter output side, and each load of the demonstration site was
driven. The insulation resistance of the IMD was measured in real time while the IMD was connected
to the output side of the converter to pass the voltage through the line, and all the loads at the
demonstration site were applied. Table 2a shows the measured values when the converter is activated
in the no-load condition.

Figure 9. Fault detection test case 2.

The real-time insulation resistance value is above the maximum measurable value of 10 MΩ.
Case (b)–(d) show the real-time insulation resistance value when the simulated loads corresponding
to Figure 9. It shows a healthy level of insulation resistance of the test line and power converters
from 225 kΩ to 295 kΩ. Therefore, it was confirmed that the distance and variation of load do not
significantly impact the insulation resistance value. Also, it was found that the failure detection
time and the failure resolution recognition time were about 5 s, therefore the instantaneous response
was impossible.

Table 2. Measurement of insulation resistance.

Case Insulation Resistance

(a) >10 MΩ

(b) 224 kΩ

(c) 253 kΩ

(d) 295 kΩ
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4. Construction of Actual DC Distribution Line

In this chapter, applying actual DC distribution studies carried out based on the previous studies
are discussed. This chapter established DC distribution system to connect to the actual grid system
and confirmed the feasibility of the DC distribution system.

4.1. Commercial Distribution Line

The existing long-distance low-load grid line, which supplied high-voltage AC power, is replaced
by the DC distribution system. The target line is a long-distance (over 12 spans) and low-load (under
30 kW) aerial bundled cable (ABC), where the possibility of line failure due to contact with trees is
high. The location of the target line is 52L1~52L12 at Chungok Reservoir, a Gwangju Jeonnam HQ
controlled area.

In, DC distribution, a DC/AC inverter has been used to convert a 13.2 kV high-voltage AC line
into DC line. Unlike any conventional transformer, controlling voltage and current at the output stage
is possible, as well as the power factor through the internal control algorithm of the converter device.
In addition, since the low-voltage line replaces the existing high-voltage line, it is expected that the
fault that occurs due to the contact of the trees can be reduced.

4.2. DC Distribution Equipment

The significant equipment of the DC distribution system connected to the actual grid in Gwangju
are primarily composed of the transformer, converter system, protection system, and monitoring
system. The specifications of each device are shown in Table 3. Single-phase AC/DC converter and
single-phase DC/AC inverter switching devices use SiC for efficiency improvement [14,15].

Table 3. Specifications of DC distribution equipment.

Item Pole Transformer Converter (AC/DC) Inverter (DC/AC)

Input voltage 1∅ 13.2 kVac 1∅ 220 Vac 750 Vdc

Capacity 30 kVA 30 kW 30 kW

Rated voltage - 750 Vdc 220 Vac ± 5%

THD - <5% <5%

Efficiency - ≥97% ≥97%

The detailed system configuration is shown in Figure 10. In case of a problem with the DC
distribution system, the customer can switch to the existing AC system in order to prepare for the
long-term power outage. The Cut-Out Switch (COS) shown in Figure 10 and the pole transformer on
the load side can supply AC. To supply DC voltage, open the COS ( 1©) for the two lines and put COS
( 2©) to use. On the contrary, to supply AC voltage, put COS ( 1©) to use for the two lines and open the
COS ( 2©). The power supply and the load side AC/DC Converter are separated from the transformer
to ensure stability. A low-voltage line was constructed below the neutral line in consideration of the
induction voltage of the high-voltage line. Also, to build a non-grounding (IT) system, the grounding
of the enclosure through the three-class grounding was enabled, and the IMD for monitoring the
grounding fault of the line was installed.
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Figure 10. Actual DC distribution line configuration.

4.3. Operation Results

The DC distribution was applied to the actual gird line to find problems and to improve the
performance. Also, by establishing operating data for the pilot lines, design, and operation standards
for DC distribution lines were created.

The performance of the AC/DC converter applied to the actual grid line was verified. The average
daily data from 14 February 2017 to 30 July 2017 are summarized. Approximately 86,000 data points
were collected per day, and the average was calculated. The voltage was very stable, with a fluctuation
of 5% over the 6 months. Except for the 23 February 2017 the efficiency remained near 98%.

On 23 February 2017 because the load usage was zero from 06:37:54 to 10:09:14, the daily
average efficiency was low. The data showed that the performance of the AC/DC converter system
was satisfactory.

As shown in the Section 3.1 “Fault detection,” the IMD was installed on the output side of the
AC/DC Converter as the IMD installation location does not impact its performance. In particular, this
paper tested the feasibility of the outdoor operation of IMD by installing it in an outdoor environment,
which is rarely done. The insulation resistance value (RINS) of the energized-line was measured upon
the installation of the IMD, following the operation manual shown in Figure 4. The measured value
was 487 kΩ so RINS is 750 (line voltage) × 100 Ω × 1.5 = 112.5 kΩ or more. Therefore, the alarm set
value is set as follows.

(i) Alarm 1—pre-warning
R_Alarm1 (kΩ) = line voltage (V) × 100 (Ω) × 1.5 = 750 × 100 × 1.5 = 112.5 (kΩ)

(ii) Alarm 2—warning
R_Alarm2 (kΩ) = line voltage (V] × 50 (Ω) × 1.5 = 750 × 50 × 1.5 = 56.25 (kΩ)

Next, Figure 11 is a measure of the IMD resistance value obtained from the actual DC distribution
system. The average daily data from 14 February 2017 to 30 July 2017 are summarized. As can be seen
from the waveform, the insulation resistance value is maintained at approximately 486 kΩ during the
measurement period, indicating alarms and faults did not occur. It was confirmed that the insulation
resistance value was monitored in real time.

Figure 11. Measurement of insulation resistance.
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The actual DC distribution system was completed in October of 2016 and continues to operate
normally. The waveforms below in Figure 12 shows the operation data of the AC/DC Converter
(input/output voltage, power) from 22 February 2017. As the load usage fluctuation is constant, a
representative day’s waveform was selected to be analyzed. The load usage ranged between 3 kW
and 4 kW, with a sudden maximum peak at 9 kW. Although the load was not large, the protection
operation of the power conversion device occurred intermittently in a sudden change of load condition
that was not periodic.

The representative waveform at the time of the protection operation is shown in Figure 13.
It is evident that the operation of the converter was interrupted at the moment when the protection
operation was initiated. To understand this deeply, the current data at the time of the incident was
acquired and analyzed with increased sampling time.

As shown in the waveform in Figure 13, 121 A of output current triggered the protection system.
This exceeds the rated capacity of the converter and the threshold current of triggering protection
system (Maximum 60 A) that indicates the need for more analysis.

A field survey confirmed that frequent water pump motor operations were found at farmhouses.
The motor inrush current is commonly known to be 500%~700% of the rated current. However, in
this incident, the inrush current reached 10 times the rated current. The DC/AC inverter system
improvement plan is proposed as follows.

There was no inrush current problem in the operation of the DC distribution line since the
protection operation level of the converter was reset. KEPCO Research Institute will continue to
develop new problems and solutions through a distribution operation.

 
(a) (b) 

Figure 12. Input and output data of AC/DC Converter. (a) Input voltage and power. (b) Output
voltage and power.

 

Figure 13. Waveform of protective action.
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5. Conclusions

Based on the business model of the DC distribution system derived from the previous work,
KEPCO research institute confirmed the possibility by applying DC distribution to the actual grid
system. The power line subject to the test was set to Section 52L1–52L12 at Chungok Reservoir, a
Gwangju Jeonnam HQ controlled area with the ABC cables. The target line is a long-distance low-load
grid rural area with 12 spans or more. A 30 kW class AC/DC converter for supplying DC voltage
and a 30 kW class DC/AC inverter for supplying AC voltage for household use were demonstrated
to construct a DC distribution in the target line. In addition, an IT grounding system that is safe for
electrolytic corrosion is applied to the DC distribution, and an IMD was installed to detect the failure
situation in real time. Since the IMD is rarely used in distribution lines in general, KEPCO proposed
the operational procedures and verified the feasibility of IMD by carrying out demonstration site tests
accordingly. In addition to adopting the IT grounding system, the safety system of the DC distribution
system was secured by designing and constructing the protection system.

By applying DC distribution to the actual grid system, the possibility of replacing the AC high
voltage line to solve the operational problems such as contact with trees and to operate the stable line
was confirmed. The established DC distribution is currently in operation. The operation data is and
will be continuously analyzed to improve the deficiencies. In the future, KEPCO plans to construct
an DC distribution system, with DC consumers, that will be more efficient and self-sustaining with
connected distributed power resources.
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Featured Application: The new index of area ratio of the commutation failure probability is

expected to evaluate the commutation failure under a wider fault range from the transient

performance, which is helpful to evaluate the impact of dynamic reactive power compensators

on the commutation failure probability of LCC-HVDC.

Abstract: Since thyristor cannot turn off automatically, line commutated converter based high voltage
direct current (LCC-HVDC) will inevitably fail to commutate and therefore auxiliary controls or
voltage control devices are needed to improve the commutation failure immunity of the LCC-HVDC
system. The voltage control device, a synchronous condenser (SC), can effectively suppress the
commutation failure of the LCC-HVDC system. However, there is a need for a proper evaluation
index that can quantitatively assess the ability of the LCC-HVDC system to resist the occurrence
of commutation failures. At present, the main quantitative evaluation indicators include the
commutation failure immunity index and the commutation failure probability index. Although they
can reflect the resistance of the LCC-HVDC system to commutation failures to a certain extent, they
are all based on specific working conditions and cannot comprehensively evaluate the impact of SCs
on suppressing the commutation failure of the LCC-HVDC system under certain fault ranges. In order
to more comprehensively and quantitatively evaluate the influence of SCs on the commutation failure
susceptibility of the LCC-HVDC system under certain fault ranges, this paper proposes the area
ratio of commutation failure probability. The accuracy of this new index was verified through
the PSCAD/EMTDC. Based on the CIGRE benchmark model, the effects of different synchronous
condensers on LCC-HVDC commutation failure were analyzed. The results showed that the new
index could effectively and more precisely evaluate the effect of SCs on commutation failures.
Moreover, the proposed index could provide a theoretical basis for the capacity allocation of SCs in
practical projects and it could also be utilized for evaluating the impact of other dynamic reactive
power compensators on the commutation failure probability of the LCC-HVDC system under certain
fault ranges.

Keywords: commutation failure probability; line commutated converter; high voltage direct current
(HVDC); synchronous condenser (SC); quantitative evaluation

1. Introduction

The LCC-HVDC system is widely used in the world due to its numerous advantages such as
bulk direct current (DC) power transmission over long distances and asynchronous interconnection of
alternating current (AC) grids [1]. However, due to the use of thyristor technology, the LCC-HVDC
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system can exhibit the commutation failure during various system disturbances [2]. One of the main
reasons for commutation failure is the AC busbar voltage drop that occurs during fault conditions [3,4].
Therefore, it is necessary to quickly and effectively regulate the AC busbar voltage during faulty
conditions so that the probability of commutation failure can be reduced. Dynamic reactive power
compensators can be installed at the inverter side to achieve quick voltage regulation of the AC
busbar by supplying a surplus of reactive power and thus decreasing the probability of commutation
failure [5]. The synchronous condenser (SC), a type of dynamic reactive power compensator, can
increase the AC system’s strength due to the shunting effect of the transient reactance during steady
and transient states [6]. It is therefore widely used in real-world LCC-HVDC systems to effectively
regulate the AC voltage and thus avoid commutation failure. Recently, SCs have been installed in
several LCC-HVDC projects in China to enhance the system’s strength and mitigate commutation
failures. Hence it is necessary to present an index that can quantitatively and comprehensively assess
the influence of SCs on the commutation failure of the LCC-HVDC systems.

Several works have focused on evaluating the commutation failure of the LCC-HVDC system.
An area of vulnerability (AOV) was discussed and a mechanism for the optimal allocation of dynamic
VAR sources was proposed in [7] in order to decrease the commutation failure probability of the
LCC-HVDC system at the inverter end. However, due to the use of steady-state equations for
calculating the probability of commutation failure, the transient behavior of the extinction angle
and phase shift in the AC voltage were not considered, which could lead to a decrease in the accuracy
of the results. An analytical approach to investigate the immunity levels to commutation failure of
the multi-infeed LCC-HVDC system was presented [8]. However, the dynamic responses during
transient conditions and the effects of different reactive power compensators were not considered.
A fast calculation approach to evaluate the risk of commutation failure in the multi-infeed LCC-HVDC
system was proposed [9]. However, the transient responses of different control parameters were
not undertaken. The commutation failure in the LCC-HVDC system using the spatial-temporal
discreteness of AC disturbances was investigated [10]. However, this approach was based on a
steady-state model, which meant that results obtained under different fault situations could have
a lack in accuracy. Two indices, referred to as the commutation failure immunity index (CFII) and
commutation failure probability index (CFPI), were proposed in [11]. This approach was based
on transient simulations, however could only evaluate the commutation failure under certain faulty
conditions. Thus, it is meaningful to propose a more comprehensive index to evaluate the commutation
failure under a wider fault range from the transient performance.

This paper proposes a novel index termed as area ratio of commutation failure probability,
to comprehensively and quantitatively evaluate the commutation failure of the LCC-HVDC system
with a SC under certain fault ranges. Considering the CIGRE benchmark model, the LCC-HVDC
system with a SC was built in the PSCAD/EMTDC. Different scenarios assuming the number of
synchronous condenser units were carried out in order to examine its effect on the area ratio of the
commutation failure probability of the LCC-HVDC system. The effectiveness of the proposed index
was validated through simulation results under different fault types and fault severity conditions.

The paper is arranged as follows. In Section 2, a detailed configuration of the LCC-HVDC system
with a SC is presented. In Section 3, the overall control mechanism for the LCC-HVDC systems and
a SC is discussed. In Section 4, a new index termed as area ratio of commutation failure probability
is proposed and verified through the PSCAD/EMTDC under different fault conditions. In Section 5,
the conclusion is provided.

2. Configuration of LCC-HVDC with a Synchronous Condenser

The configuration of the mono-polar LCC-HVDC system with SCs is shown in Figure 1.
The HVDC station is composed of two six-pulse converters connected in series. The SC is connected
to the AC bus at the inverter side via a step-up converter transformer. The rated DC power of the
LCC-HVDC system is 1000 MW and the rated reactive power of the SC is 100 Mvar.
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Figure 1. Schematic diagram of the LCC-HVDC system with a synchronous condenser.

The main parameters of the LCC-HVDC system with a SC are summarized in Table 1.

Table 1. Main parameters of LCC-HVDC with a SC.

Parameters LCC-HVDC SC

Rated AC voltage/kV – 20
Rated AC current/kA – 2.88

Rated capacity/MW(Mvar) 1000 100
DC voltage/kV 500 –
DC current/kA 2 –

Rated ratio of converter
transformer/(kV/kV)

345/213.5(Rectifier)
20/230230/209.2(Inverter)

Short circuit impedance of
coupling transformer/%

18(Rectifier)
818(Inverter)

Smoothing reactance/H 0.15 –

3. Control Mechanism for LCC-HVDC with a Synchronous Condenser

3.1. Control Mechanism for LCC-HVDC

The control system of the LCC-HVDC is consistent with the CIGRE benchmark model [12].
The system operates in the constant current control mode with a minimum firing angle at the rectifier
end, and adopts a constant extinction angle control mode at the inverter end, which is also equipped
with a constant current control mode and a current error controller (CEC) mechanism. The constant
current control at the inverter side is used as a backup control mechanism during severe AC and
DC disturbances. It contains a voltage-dependent current order limiter (VDCOL) function, which
helps in limiting the DC overcurrent and avoiding the stress on thyristor valves during different fault
conditions. Figure 2 presents the overall control mechanism for the LCC-HVDC system.
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Figure 2. Control mechanism for the LCC-HVDC system.

3.2. Control Mechanism for the Synchronous Condenser

The basic control mechanism for the SC is shown in Figure 3. The measured AC voltage and
excitation current, shown as Ut and If, respectively, are the input variables, and the excitation voltage
Ef is generated via proportional-integral (PI) function and then delivered to the exciter system. The SC
adopts the constant voltage control mode to adjust the AC bus voltage during both steady-state and
transient situations. When an AC fault is applied at the AC busbar, the increase in the excitation current
causes the excitation voltage of the SC to increase in order to provide a certain amount of reactive power
needed for AC voltage regulation. If the fault is serious or lasts for a longer time, the excitation current
could reach the maximum over-excitation current value. This will activate the maximum excitation
current limitation function by the control-signal of the If_mark to limit the excitation current around
the referenced value of Ifmax_ref. However, it is not allowed to keep the maximum over-excitation
current as Ifmax_ref for a long time. When the operating time of SC with Ifmax_ref exceeds the allowable
time, the anti-time over-excitation limiter will activate the over-excitation current limitation function
by the control-signal of OEL_mark, so as to limit the over-excitation current to a level of If_ref under
which the SC can keep operating for a longer time, finally to avoid the internal overheating of the SC.
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Figure 3. Control mechanism for the synchronous condenser.

4. Using the Area Ratio of Commutation Failure Probability to Evaluate the Effect of SCs on the
Commutation Failure Immunity of LCC-HVDC

In order to further study the suppression effect of SCs on the commutation failure of the
LCC-HVDC system, firstly, the simulation from PSCAD/EMTDC with different numbers of SCs
was compared to verify the effectiveness of the SCs on suppressing the commutation failure. Then,
a new index called area ratio of commutation failure probability was proposed. Finally, the area ratio
of commutation failure probability index was used to evaluate the suppression effect of the SCs on

156



Appl. Sci. 2019, 9, 925

the commutation failure of the LCC-HVDC system under different short circuit ratios (SCRs) at the
inverter side. The following three cases were considered:

Case 1: No synchronous condenser is connected at the AC bus of the inverter side;
Case 2: One synchronous condenser with rated capacity of 100 Mvar is connected at the AC bus

of the inverter side;
Case 3: Two synchronous condensers each with rated capacity of 100 Mvar are connected at the

AC bus of the inverter side;

4.1. Validation of the Effectiveness of the SCs in Suppressing the Commutation Failure of the LCC-HVDC System

Three-phase fault is the most serious fault among all types of AC faults. Therefore, the same
three-phase fault was applied at the inverter bus of three cases to verify the effectiveness of the SC on
suppressing commutation failure. The fault inductance value was set to 1.28H (the smallest inductance
value that does not result in commutation failure in case 1), the fault time was 5.1s, and the fault
duration was 0.05s. The comparison of dynamic responses under the three-phase fault is shown in
Figure 4.

t t

t

t t

t

 
Figure 4. Feature comparison under the three-phase fault.

The comparison of the dynamic responses of different cases in Figure 4, showed that the DC
voltage, DC current, DC power, AC bus voltage, γ and the reactive power of SCs all dropped or
rose in varying degrees when the fault occured. Among them, the change range of Case 1 was the
largest, on the contrary, it was the smallest in Case 3. Compared with Case 1, the AC bus voltage at
the inverter side was supported and the rise of the DC current was restrained in Case 2 and Case 3
because of the reactive power compensation of the SCs, which reduced the drop of γ and effectively
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restrained the occurrence of commutation failures. The reactive power sent by the SCs in Case 3 was
larger than that of Case 2 at the moment of fault. Therefore, Case 3 had a better suppression effect on
commutation failure.

4.2. Proposed Area Ratio of Commutation Failure Probability

Previous studies have shown that different numbers of SCs can improve the ability of the
LCC-HVDC system to resist commutation failure, but the method for quantitatively evaluating the
suppression effect of SCs needs further study.

A single- or three-phase fault occurring at the AC bus of the inverter side may cause a
commutation failure to occur in the LCC-HVDC system. The occurrence of a commutation failure is
not only sensitive to the severity of the AC fault, but also to the time-instant of when the fault occurs
during one AC cycle. Thus, the commutation failure probability index (CFPI) in [11] is used to assess
the chances of commutation failure occurrence in the LCC-HVDC system during one cyclic frequency.

To obtain the commutation failure probability curve, different fault levels under specific fault
times were considered. A single- or three-phase fault with inductance was applied at the AC busbar
and the fault level was varied by changing the inductance value. A simultaneous fault level in the
range of 100 fault points was applied while changing the fault time within one AC cycle duration
(0.02 s). The multiple run mechanism in the PSCAD/EMTDC examined the occurrence of commutation
failure and enlisted all related data. The probability of commutation failure for a specific fault was
then evaluated by taking the ratio of faults that could cause commutation failure to the total equivalent
fault points in one AC cycle. Multiple simulations were carried out to evaluate the probability for each
fault level and to obtain the commutation failure probability curve.

However, when the CFPI was used to quantitatively evaluate the effect of the SC on the
commutation failure of the LCC-HVDC system, the evaluation results were only based on a specific
fault. It could not fully and intuitively reflect the effect of the SC on the commutation failure of
the LCC-HVDC system in a wider fault range and thus could not provide a more comprehensive
evaluation for the commutation failure mitigation effect. By comparing the curves of the commutation
failure probability before and after the implementation of the SC at the inverter side, it was found
that the area surrounded by the curve of the commutation failure probability with the SC was smaller
than that without the SC within the same fault range. Considering this, an area ratio of commutation
failure probability that could cope with the shortcomings of CFPI was proposed. The flow-chart for
calculating the area ratio of commutation failure probability is shown in Figure 5.

L 

L

S S L L

L

Figure 5. Flow-chart of the area ratio of the commutation failure probability computing method.
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The detailed steps for calculating the area ratio of commutation failure probability are as follows:
(1) At the inverter end, the fault with a setting inductance value was applied to the AC busbar

and the initial fault time was set with the fault clearance duration.
(2) When no SC was considered, the commutation failure probability of the LCC-HVDC system

under a different fault inductance L was obtained. The fault inductance value was defined as Lno_sc,
under which the commutation failure probability of the LCC-HVDC system was exactly 0 %.

(3) Considering that SC was linked at the inverter end, the commutation failure probability of the
LCC-HVDC system under a different fault inductance L was obtained. The fault inductance value was
obtained as Lsc, under which the commutation failure probability of the LCC-HVDC reached 100%.
(When there were multiple SCs, the Lsc that could take in the maximum number of SCs was chosen).

(4) With the fault inductance L as abscissa and the commutation failure probability as ordinate,
the curve of commutation failure probability with and without SCs was formed as graphically
presented in Figure 6. The area between the commutation failure probability curve and horizontal axis
[Lsc, Lno_sc] was calculated. Finally, the area ratio of commutation failure probability was computed
by taking the ratio of area of commutation failure probability without SC (Sno_sc) to the area of
commutation failure probability with SC (Ssc), as analytically expressed in (1).

Area Ratio =
Ssc

Sno_sc
(1)

It was clear from Figure 6 that for the same fault level, the commutation failure probability of
LCC-HVDC with the SC was less than that of LCC-HVDC without the SC. Therefore, the calculated
area-ratio of commutation failure probability should be less than 1. A smaller value of area ratio
of commutation failure probability indicated a better effect of the SC in terms of suppressing the
commutation failure of the LCC-HVDC system.

L L

Figure 6. Schematic presentation of area of commutation failure probability with and without a SC.

4.3. Application and Validation of the Area Ratio of Commutation Failure Probability

In order to evaluate the suppression effect of the SC on the commutation failure of the LCC-HVDC
system within a fault range, and to verify the proposed area ratio of commutation failure probability
index under single-phase and three-phase inductive faults, the simulations were conducted when
considering different numbers of SCs and different short circuit ratios (SCRs) at the inverter side, based
on the electromagnetic transient model of the LCC-HVDC system with SCs.

The area of commutation failure probability in the three cases mentioned above were calculated
using complex trapezoidal formula as in (2) and (3):

S =
h
2
[ f (Lno_sc) + f (Lsc)] + h

n−1

∑
k=1

f (Lk) (2)
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Lk = Lsc + k ∗ h; (k = 1, 2 . . . . . . n − 1) (3)

where,

h: step change of fault inductance in the simulation;
Lk: fault inductance in [Lsc, Lno_sc] interval;
f (Lk): the commutation failure probability corresponding to the fault inductance Lk.
S: the area of commutation failure probability;
n: the total number of fault inductance level in [Lsc, Lno_sc];

The LCC-HVDC system was assumed to be operating at a rated nominal value (DC power = 1 p.u.,
DC voltage =1 p.u.). The short circuit ratios (SCRs) of the AC system at the rectifier and the inverter side
of the LCC-HVDC system were both set at 2.5. The curve for the commutation failure probability of the
LCC-HVDC system considering the three cases mentioned above during the single-phase inductive
fault with changing inductance level is depicted in Figure 7. It is obvious from Figure 7 that in Case 3
with two SCs at the inverter side, the commutation failure probability was 100% for the single-phase
fault with an inductance level of 0.25 H. Whereas in Case 2, the commutation failure probability was
100% for the fault inductance level of 0.35 H. Considering Case 1 without the SC, the commutation
failure probability was 0% for the single-phase inductive fault with a 0.97 H inductance value. Using
these values, the area ratio of commutation failure probability for the three cases under single-phase
inductive fault was calculated using Equations (1)–(3).

Figure 7. The probability of commutation failure (CF) in different cases under single phase to ground fault.

In order to indicate the severity of a single phase to ground fault, the minimum AC voltage RMS
values at LCC inverter side (without a SC) during the fault period, at different fault inductances, are
summarized in Table 2.

Table 2. The minimum AC voltage RMS values during the single phase to ground fault period.

Fault Inductance/H Minimum AC Voltage/p.u.

0.2 0.868
0.3 0.904
0.4 0.920
0.5 0.934
0.6 0.943
0.7 0.949
0.8 0.953
0.9 0.956
1.0 0.960

Figure 8 shows the curve built for the commutation failure probability of the LCC-HVDC system
under the three phase-ground inductive faults with an inductance range between 0.7 H and 1.4 H while
assuming the three cases. It could be depicted that with two SCs, the commutation failure probability
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was 100 % under a fault inductance level of 0.78 H. The commutation failure probability with one SC
(Case 2) was 100% for a fault inductance value of 0.91 H, whereas the commutation failure probability
without the SC was 0% for a fault inductance level of 1.28 H. Considering these values in the three
different cases, the area ratio of the commutation failure probability of the LCC-HVDC system under
three-phase fault was calculated by applying Equations (1)–(3).

Figure 8. The probability of commutation failure (CF) in different cases under three phase fault.

In order to indicate the severity of the three phases to ground fault, the minimum AC voltage RMS
values at the LCC inverter side (without a SC) during the fault period, at different fault inductances,
are summarized in Table 3.

Table 3. The minimum AC voltage RMS values during the three phase to ground fault periods.

Fault Inductance/H Minimum AC Voltage/p.u.

0.7 0.863
0.8 0.914
0.9 0.925
1.0 0.933
1.1 0.940
1.2 0.951

Table 4 summarizes the area of commutation failure probability and area ratio of commutation
failure probability of the LCC-HVDC system with and without the SC under single-phase and
three-phase inductive faults.

Table 4. Values of area of commutation failure probability and area ratio of commutation failure
probability under different types of faults.

Fault
Index Area of Commutation Failure Probability Area Ratio of Commutation Failure Probability

Case 1 (no SC) Case 2 (1 SC) Case 3 (2 SCs) Case 2 (1 SC) Case 3 (2 SCs)
Single phase 0.5949 0.4128 0.3117 0.6939 0.5240
Three phase 0.4348 0.2038 0.0470 0.4687 0.1081

Table 2 shows that when a single-phase fault was applied to the AC bus at the inverter side,
the area of commutation failure probability and the area ratio of commutation failure probability both
decreased continuously with the increasing number of SCs. The area ratio of commutation failure
probability was 0.6939 and 0.5240 with one SC (Case 2) and two SCs (Case 3), respectively, which
indicated an improvement in Case 3 as the area ratio of commutation failure probability was reduced
by 0.1699 compared to Case 2. Considering the three-phase fault, the area ratio of commutation failure
probability of the LCC-HVDC system with one SC at the inverter side was 0.4687. With two SCs linked
to the LCC-HVDC system (Case 3), the area ratio of commutation failure probability was 0.1081, which
by comparing with Case 2 revealed that an increasing number of SCs could effectively suppress the
commutation failure under the three-phase fault. Thus it could be clearly stated that the proposed area
ratio of commutation failure probability could comprehensively evaluate the effect of the SCs on the
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commutation failure of the LCC-HVDC system under various fault types. In addition, the proposed
index took into account various conditions of fault severities within a wider fault range, and was
not limited to a specific fault. Comparing with existing indices such as the CFPI, the proposed index
could quantitatively evaluate the impact of the SCs in suppressing the commutation failure of the
LCC-HVDC system in a comprehensive and easy way.

Under different system intensities indicated by the short circuit ratio (SCR), the effect of the
SCs on the ability of the LCC-HVDC system to resist commutation failure in a certain fault range
varied. Therefore, the single-phase to ground and the three-phase faults were applied respectively
at the inverter bus, then the area ratio of commutation failure probability was used to measure the
suppression effect of the SCs on commutation failure under different SCRs to obtain the results shown
in Figures 9 and 10, respectively.

 
Figure 9. Area ratio of commutation failure probability in different cases under single phase to
ground fault.

 
Figure 10. Area ratio of commutation failure probability in different cases under three phase fault.

It could be seen from Figure 9 that when a single-phase fault occurs at the AC bus of the inverter
side, the area ratio of commutation failure probability in Case 2 and Case 3 were 0.4487 and 0.2893
respectively when SCR equalled 2; the area ratio of commutation failure probability in Case 2 and Case 3
were 0.8481 and 0.7246, respectively, when SCR equalled 6. It could be seen from Figure 10 that when
the three-phase fault occured at the AC bus of the inverter side, the area ratio of commutation failure
probability in Case 2 and Case 3 were 0.2305 and 0.0465 respectively when SCR equalled 2, the area
ratio of commutation failure probability in Case 2 and Case 3 were 0.5786 and 0.2207, respectively,
when SCR equalled 6. Regardless of whether it was under the single phase to ground or three-phase
fault, the area ratio of the commutation failure probability of Case 3 was smaller than that of Case 2
under the same SCR, which indicated that an increasing number of SCs could improve the ability of
the LCC-HVDC system to suppress the commutation failure. The area ratio of commutation failure
probability in Case 3 and Case 2 increased with an increase in the short-circuit ratio, which showed that
with the increase of system strength, the enhancement effect of the anti-commutation failure ability
with SCs was weakened.
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5. Conclusions

In this paper, based on the CIGRE benchmark, an electromagnetic transient model of a
LCC-HVDC system with a synchronous condenser (SC) was developed in PSCAD/EMTDC. The area
ratio of commutation failure probability was proposed, and the effect of the SC on suppressing
the commutation failure of the LCC-HVDC system was quantitatively evaluated. The following
conclusions were drawn:

The introduced area of commutation failure probability was visually intuitive. The proposed area
ratio of commutation failure probability could comprehensively reflect the overall improvement effect
of the SC on the commutation failure of the LCC-HVDC system, while considering the severity of
different fault conditions. Making the assessment results more comprehensive could help in coping
with the inadequacies (shortcomings) of the existing commutation failure probability index that was
limited to evaluating only under specific faults.

Putting the SC at the inverter end of the LCC-HVDC system could enhance the support capability
of the AC system at the receiving end due to the shunting effect of transient reactance even under
a steady-state. Increasing the number of SC units, i.e., increasing the Mvar capacity of the SC to
be capable of providing a maximum surplus of reactive power during transient conditions could
significantly improve the commutation failure susceptibility of the LCC-HVDC system, especially in
weak AC systems.

The proposed index could provide a theoretical basis for the capacity allocation of SCs in real
world LCC-HVDC projects. Moreover, this index could also be used for evaluating the impact of
other types of dynamic reactive power compensators on the commutation failure probability of the
LCC-HVDC system during various AC disturbances.
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