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Abstract: This special issue presents the latest advances in the field of Textile-Reinforced
Cement Composites, including Textile-Reinforced Concrete (TRC), Textile-Reinforced Mortar (TRM),
Fabric-Reinforced Cementitious Matrix (FRCM), etc. These composite materials distinguish
themselves from other fibre reinforced concrete materials by their strain-hardening behaviour
under tensile loading. This Special Issue is composed of 14 papers covering new insights in structural
and material engineering. The papers include investigations on the level of the fibre reinforcement
system as well as on the level of the composites, investigating their impact and fatigue behaviour,
durability and fire behaviour. Both strengthening of existing structures and development of new
structural systems such as lightweight sandwich systems are presented, and analysis and design
methods are discussed. This Special Issue demonstrates the broadness and intensity of the ongoing
advancements in the field of Textile-Reinforced Cement composites and the importance of several
future research directions.

Keywords: cement composites; fibre; textile; textile-reinforced concrete; textile-reinforced mortar

1. Introduction

As sustainability is rising higher on the agenda, research towards new construction materials
and systems has gained importance. One of the new material systems that has been investigated
over the last few decades is textile-reinforced cement composites. These materials are known under
different names, e.g., Textile-Reinforced Concrete (TRC) or Cement, Textile-Reinforced Mortar (TRM),
and Fabric-Reinforced Cementitious Matrix (FRCM). All of these composite materials are characterized
by a cementitious matrix material reinforced by textiles to provide for continuous fibre reinforcement
in such a way that they show strain hardening behaviour under tensile loading.

Thanks to this tensile capacity provided by the textiles, traditional steel reinforcement can be
omitted and the thickness of the concrete cover that is used to prevent the steel from corroding can
be significantly reduced. As a result, thin concrete elements can be designed with a slenderness
that cannot be achieved with traditional steel-reinforced concrete. As the dimensions of the concrete
elements are reduced, the amount of concrete used, the weight of the elements, the emissions due
to transport of the materials, etc., are also reduced. On top of this, the sustainability of the building
elements can be increased because the flexible fibre reinforcement allows for the design of structural
elements in optimal shapes, with tailored fibre textiles.

2. TRC in Structural and Material Engineering

The motivation for this Special Issue was the potential of TRC composites to contribute to a
sustainable built environment. It presents the latest insights and results from the research community

Appl. Sci. 2020, 10, 576; doi:10.3390/app10020576 www.mdpi.com/journal/applsci1
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dealing with TRC composites on both the material level and the structural level. On the material level,
much research has been carried out towards the optimization of the fibre reinforcement system. On the
structural level, many researchers have investigated new structural systems that can benefit from the
slenderness and low weight of TRCs, and methods to analyze loadbearing behaviour and design these
new applications. Finally, the durability of the composites and their behaviour under an elevated
temperature (including in fire) are important fields of investigation, both on the material level and the
structural level. In total, 21 papers were submitted, and 14 were accepted.

Three papers focus on the reinforcement system. Although carbon or AR (alkali-resistant) glass
fibres are used as the reinforcement material for TRCs in all other papers in this Special Issue due to
their stiffness and strength properties, the paper by Mobasher, Dey, Bauchmoyer, Mehere, and Schaef [1]
analyses the effect of high-toughness hydrophilic PP fibres on the cracking distribution associated
with strengthening and toughening. The paper by Rampini, Zani, Colombo, and di Prisco [2] presents
extensive experimental results of tensile tests on a wide set of AR glass fabrics and TRCs. The effect of
the fabric coating and the addition of short fibres on the load capacity and the energy absorption is
discussed. A hybrid fibre system is also used in the contribution by Gong, Heravi, Alsous, Curosu,
and Mechtcherine [3], where the synergetic action between a carbon grid and short PE or PBO fibres
is investigated in quasi-static uniaxial tensile tests, pull-out tests at different strain rates, and split
Hopkinson impact tests.

Long-term durability is discussed and experimentally investigated in the paper by Spelter,
Bergmann, Bielak, and Hegger [4], leading to the conclusion that it appears to be possible that no
reduction due to external influences is necessary for the investigated type of carbon reinforcement.
The effect of fatigue is treated in two contributions. The paper by De Munck, Tysmans, Wastiels,
Kapsalis, Vervloet, El Kadi, and Remy [5] presents the effect of 100,000 loading cycles at serviceability
load levels on the residual behaviour during uniaxial coupon tensile tests and four-point bending tests
on sandwich panels reinforced with AR glass textiles. The paper by Wagner and Curbach [6] examines
the bond fatigue of TRC with epoxy-impregnated carbon textiles as a function of the anchorage length
and the load level, and presents the obtained results in S–N diagrams. The effect of an elevated
temperature (120 ◦C and 200 ◦C) on the shear bond to masonry is treated in the feature paper by
Askouni, Papanicolaou, and Kaffetzakis [7], using AR glass textiles with a normal weight and a
lightweight mortar. The degradation of TRCs with SBR-coated carbon or AR glass textiles is treated in
the paper by Kapsalis, El Kadi, Vervloet, De Munck, Wastiels, Triantafillou, and Tysmans [8].

The design of TRC structures is treated in four contributions. The paper by Flansbjer, Williams,
Portal, and Vennetti [9] verifies the structural performance of non-load-bearing sandwich façade
elements through a large-scale experimental program focused on anchorage and wind load tests,
as well as through numerical modeling as validation. The paper by Vervloet, Tysmans, El Kadi,
De Munck, Kapsalis, Van Itterbeeck, Wastiels, and Van Hemelrijck [10] focuses on the large-scale
experimental validation of a numerical bending model for sandwich beams with TRC faces reinforced
with two-dimensional (2D) and three-dimensional (3D) AR glass textiles. The shear capacity of carbon
TRC slabs without shear reinforcement is investigated by Bielak, Adam, Hegger, and Classen [11]
through three-point bending tests with a different shear slenderness. The results are compared
to existing models and design provisions. The feature review paper by Scheerer, Zobel, Müller,
Senckpiel-Peters, Schmidt, and Curbach [12] elaborates on design rules for the flexural strengthening
of reinforced concrete structures with TRC, and highlights some practical applications.

The feature paper by Chudoba, Sharei, Senckpiel-Peters, and Schladitz [13] contributes to the
discussion on macro-scale modeling methods for the structural analysis of thin-walled concrete shells
reinforced with a layup of non-metallic fabrics. Large scale tests are performed on carbon-reinforced
shell ceiling elements, and a smeared crack cross-section model is proposed, calibrated, and verified
with a numerical analysis.
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A final paper by Asgharzadeh and Raupach [14] proposes a specific application in which carbon
textiles are, besides their use as a structural reinforcement, intended to act as an anode material for
cathodic corrosion protection.

3. Conclusions

This Special Issue presents great advancements in the field of Textile-Reinforced Cement
composites, as well as future research directions. Another essential step that we expect in the future is
the translation of these research results into tangible design guidelines for the construction industry.
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this manuscript. Both authors have read and agreed to the published version of the manuscript.
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Abstract: The effect of the microstructure of hydrophilic polypropylene (PP) fibers in the distribution
of cracking associated with the strengthening and toughening mechanism of cement-based composites
under tensile loading was studied. Using a filament winding system, continuous cement-based PP
fiber composites were manufactured. The automated manufacturing system allows alignment of the
fiber yarns in the longitudinal direction at various fiber contents. Composites with surface-modified
hydrophilic macro-synthetic continuous polypropylene fibers and monofilament yarns with different
diameters and surface structures were used. Samples were characterized using the tensile first
cracking strength, post-crack stiffness, ultimate strength, and strain capacity. A range of volume
fractions of 1–4% by volume of fibers was used, resulting in tensile first cracking strength in the
range of 1–7 MPa, an ultimate strength of up to 22 MPa, and a strain capacity of 6%. The reinforcing
efficiency based on crack spacing and width was documented as a function of the applied strain
using digital image correlation (DIC). Quantitative analysis of crack width and spacing showed the
sequential formation and gradual intermittent opening of several active and passive cracks as the
key parameters in the toughening mechanism. Results are correlated with the tensile response and
stiffness degradation. The mechanical properties, as well as crack spacing and composite stiffness,
were significantly affected by the microstructure and dosage of continuous fibers.

Keywords: fiber-reinforced concrete; crack spacing; fiber; micro-fiber; tensile strength; toughness

1. Introduction

Development of strain-hardening cementitious composites (SHCC) using polypropylene (PP)
fibers is a major breakthrough for a variety of applications in civil infrastructure systems. SHCC
materials, such as textile reinforced concrete (TRC), exhibit high tensile strength, enhanced strain
capacity, and ductility [1–3]. The superior mechanical properties offered by the polymeric based
continuous fiber or textile system can be utilized as structural panels subjected to dynamic loads, such
as impact and high speed, along with applications requiring blast resistance and fracture tolerance.
SHCC systems could also be used as skin reinforcement laminates for the strengthening of unreinforced
masonry walls, retrofit of existing structures, and beam–column connections [4–6].The tensile hardening
behavior is attributed to the fiber bridging effect, which stabilizes crack growth and opening at the
expense of the formation of multiple, parallel fine cracks. This cracking network gives rise to high
energy absorption, both under quasi-static and dynamic loading conditions. The post-crack stiffness
and the corresponding damage distribution may form with a variety of fiber systems and is governed
by the fiber’s ability to provide a sufficient degree of bond strength [7].

Appl. Sci. 2019, 9, 2189; doi:10.3390/app9112189 www.mdpi.com/journal/applsci5
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A class of SHCC materials made with polypropylene fibers with a high tensile ductility and
stiffness retention over a large strain range is investigated in this study. Ductility enhancement is
attractive from a cost point of view since polymeric fibers have a lower cost than steel, carbon, or
other high-performance fibers; however, the efficiency of PP-based fibers is created in the form of
developing composites with improved bond characteristics. Results are characterized by the improved
bond characteristics of long and multifilament fibers, surface modifications, reduced diameter, and
increased surface area of yarns. It is shown that proper mix proportioning results in excellent matrix
properties [8–12].

Continuous unidirectional yarns were evaluated for two types of fiber compositions in this
study. Effectiveness of the fiber–matrix bond interface in load transfer and distributed cracking in
mechanical performance is addressed. Limitations in interfacial bond and low adhesion strength
are major inefficiencies limiting the structural application of polymeric fibers in concrete materials.
A combination of low organic–inorganic bond stiffness and strength limits the effectiveness of
fiber–matrix stress transfer. Strength and toughness increases due to the increased aspect ratio in
continuous fiber composites can be utilized in a variety of structural elements subjected to extreme
loading conditions as discussed earlier [13].

Hydrophilic polymeric surfaces improve fiber performance and efficiency by affecting the bond
stiffness and strength. Anchorage and bonding are also enhanced by geometrical modifications of the
surface texture of the fiber [14]. Increasing the contact surface area by using small diameter filaments
bundled into the form of yarn leads to additional bonding. In both these cases, the efficiency of the
fiber performance is measured in the context of the fibers bridging over the cracks in the cementitious
matrix, which subsequently de-bond and pullout, thus hindering the extension of cracks [15]. The fiber
bridging and pullout force transmission reduces the crack tip stresses and increases toughness through
energy dissipation [16]. The stress transmission through the bridging fibers is a major source of
toughening and permits the initiation of new cracks, thus improving energy dissipation capacity of the
composite [17].

Fiber length and orientation plays an important role in the mechanical response of cementitious
composites. In order to eliminate the reduction factors due to length and orientation, unidirectional
continuous composites were manufactured using a filament winding technique and tested in uniaxial
tension. In the current study, two different polypropylene fiber types, namely macro-monofilaments
and micro-multifilament yarns, at different dosages, are compared in terms of composite performance
based on the tensile strength, crack spacing, and stiffness reduction as a function of measured strain.
Matrix formulations consisted of blended cementitious matrices containing various proportions of
Type II Ordinary Portland Cement (OPC), sand, and fly ash as a control matrix mix. Mechanical
tests were performed under uniaxial tension, and three-dimensional digital image correlation (DIC)
method and image analysis were used to quantify the damage mechanism and the non-uniform strain
distributions. The distributed cracking mechanism was quantified by measuring the crack width and
spacing and was further compared to the experimental stress–strain measures.

2. Experimental Program

Proprietary polypropylene yarns manufactured by BASF Construction Chemicals, Beachwood
OH, USA were studied. A macrofiber labeled as MAC 2200CB (abbreviated as MAC in this study) is a
commercially available monofilament macro-synthetic polypropylene fiber with an average diameter
of 0.82 mm and pinched surface to improve the bond (see Figure 1a). It is used in cast-in-place concrete
applications, such as slab-on-grade, pavements, bridge decks, and in precast concrete, mainly as a
secondary reinforcement to restrain temperature cracking [18]. The second fiber evaluated in this
study is a recently developed multifilament microfiber yarn with 500 thin filaments 40 microns in
diameter and identified as MF 40 microfibers, as shown with two different magnifications in Figure 1b,c.
The effective yarn diameters of MF/MAC measured from the SEM images represent a surface to volume
ratio of about 20.
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Figure 1. (a) Macro-synthetic MAC fiber, (b) multifilament fibrillated microfiber, and (c) diameter of an
individual MF40 fiber.

Unidirectional composites were produced using the filament winding method shown in Figure 2a,b.
Composites with continuous fibers allowed for measurement of reinforcement potential that is
independent of the fiber length, delamination, or orientation effects. The experimental plan for
mechanical tests is presented in Table 1 and includes tension tests on individual yarns and composite
uniaxial tension. Testing variables included the fiber structure and content to study their affect on the
tensile stress–strain response and damage parameters such as crack spacing and crack width [14,19].

2.1. Sample Preparation Using Filament Winding

A filament winding system was configured to fabricate continuous cement fiber laminates with
aligned fiber yarns [13,17]. A computer-controlled system used stepper motors to pull the yarns and
wind the sample on a mandrel. System components included the feed section, guidance assembly,
and take-up mandrel. Labor-intensive tasks in production and panel making were reduced through
this automated system. Servo-drives were programmed for automation of three sections of fiber feed,
guide (fiber impregnation), and the take-up (molding) sections, as shown in Figure 2a.

The various sections included the stepper motors, positioning encoders, limit switches for safe
interlocking, and a computer with control software interface, as shown in Figure 2b. The feed section
used a spool of fibers that would unwind and was immersed into a wetting tank prior to immersion in
an impregnation chamber. The sample was then wound on a rotating mold. Using a LabView© (2014,
National Instruments, Austin, TX, USA) interface, a closed-loop system controls two stepper motors to
feed and slide the yarns through and rotate the mandrel. The stepper motors in the take-up section
controlled the winding, pulling, and transverse sliding of the composites.
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(a)  

 

(b)  

Figure 2. (a) Filament winding setup with the impregnation chamber, fiber guide section, and rotating
mandrel; and (b) schematics of the steps section.

8



Appl. Sci. 2019, 9, 2189

2.2. Mix Design

The control mix consisted of Portland cement, fly ash, and fine silica sand was used as the basic
formulation of the composite design listed in Table 1. The control mortar mix design used a blend of
48% Portland cement type I/II, and 7% by weight of class F fly ash, a sand to cementitious solid ratio
of 45% by weight, and water to binder ratio of 0.35. A naphthalene base high range water reducer
manufactured by BASF was used at a dosage of 0.03% by weight of cement. Samples were made with
the two polymeric fibers introduced earlier, namely macrofibre MAC and multifilament MF fibers,
using 1%, 2.5%, and 4% volume fractions. Direct tension tests were conducted on a minimum of four
replicate samples for each mix design.

Table 1. Summary of Tension specimens with continuous fibers.

Test Type Yarn Type Sample Variables Curing Yarn Vf%

Fiber Tension MAC 150, 200, and 250 mm N/A
Fiber Tension MF40 150, 200, and 250 mm N/A

Composite Tension MAC Volume fraction 28 days 1.0, 2.5, 4.0
Composite Tension MF40 Volume fraction 7, 28 days 1.0, 2.5, 4.0

3. Testing Program

3.1. Tensile Response of Fibers

Fiber tension tests were conducted under displacement control mode to measure elastic modulus,
strain capacity, ultimate strength, toughness, and mode of failure. The setup is shown in Figure 3a
with a specimen under the applied load. An actuator displacement rate of 0.4 mm/min was used.
Preliminary tests were conducted using fiber lengths of 150, 200, and 250 mm to address the length
effect. Follow up studies used a sample length of 150 mm and a minimum of five replicate samples per
series. The load was measured using a load cell rated at a capacity of 1300 N, while the elongation was
recorded by an extensometer with a 50 mm gage length. A close-up view of the failed specimens with
the extensometer attached is shown in Figure 3b,c.

Figure 3. (a) Test setup for yarn tension tests, (b) failed MAC fiber, and (c) failed MF40 fiber.
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Stress–strain behavior for the two types of MAC and MF fiber yarns are presented in Figure 4 and
a summary of test results is given in Table 2. The initial stress–strain curve started with a stiff response
up to a stress level of about 5–7 MPa.Beyond that level, the stiffness decreased due to fiber yielding.
The general behavior was linear for the monofilament samples up to the failure; however, significant
nonlinearity was observed for the microfiber yarn. Gradual transition of the stress–strain response of
microfiber yarns to a nonlinear behavior started from 50% ultimate strain capacity without a clearly
marked yield point. Beyond this level, the stiffness reduced gradually until failure.

Table 2 summarizes the single fiber tensile test results for both fiber types representing values
of initial elastic modulus, E1, and a post yield modulus, E2. The macro-synthetic fiber, MAC,
hadcomparatively higher initial and post-yield modulus, and showed a sudden failure compared to a
progressive failure of the individual filaments of MF40 yarn. The ultimate strength was reached in a
gradual manner for MF40 as opposed to a sharp end for MAC. Figure 3b,c show the failed MAC and
MF40 specimens, respectively. With a strain capacity in the range of 12%, microfibers deformation
was almost twice as much as the monofilament fibers, as shown in Figure 4. Compared to MAC,
the MF40 microfiber exhibited significant crazing. This response was more pronounced when the
strain wasmeasured using the actuator signal, as shown in Figure 4b, which also included the relative
slipping of the individual filaments past each another, resulting in an apparent tensile strain as high as
75% for the MF series. These slip mechanisms lead to a higher strain capacity of the MF compared to
MAC fibers.

  
(a) (b) 

Figure 4. (a) Effect of sample length on the initial response of the MAC and MF40 fibers. (b) Tensile
stress versus actuator strain comparing MAC and MF40 failure for fiber length of 150 mm.

Table 2. Single fiber tests result for MAC and MF40 fibers, gauge length 150 mm.

Fiber Max Load
Max

Elongation
Tensile

Strength
Elastic

Modulus, E1

Post-Yield
Modulus, E2

Work to
Fracture

N mm MPa MPa MPa J

MAC Avg. 245.3 4.4 394 9239 4566 0.70
Std Dev. 20.0 0.9 32.8 1813 918.3 0.25

MF Average 293.8 6.3 405 4985 3058 1.59
Std Dev. 33.0 0.7 45.5 1112 479.3 0.21

The difference in strain capacity between the two fiber compositions resulted in the toughness
of MF being twice that of MAC and is attributed to the structure of multifilament yarns, which by
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distributing the damage among multiple fibers, promoted a progressive failure mechanism. This led
to a 43% higher strain capacity than the macro MAC fiber, which was an inherently stiffer system
(MAC = 9.2 GPa, MF40 = 5 GPa), as shown in Table 2. The post-yield reduced modulus for MAC was
4.6 GPa, which was 50% higher than post-yield modulus of MF40, which was at 3 GPa. Due to their
strain capacity, finer MF40 fibrils required as much as 220% higher work to fracture. Multi-filament
yarns uniformly distributed the load within the filaments, which failed sequentially over the failure
strain range.

3.2. Tension Tests on Continuous Fiber Composites

A closed-loop servo-hydraulic test system, as shown in Figure 5, was used in actuator displacement
control mode to conduct direct tension tests on the SHCC composites. Test coupons had nominal
dimensions of 300 × 62 × 13 mm. The specimen was held using hydraulic grips with the pressure
maintained between 1.7 and 2 MPa. Elongation was measured along a gage length of 90 mm using
two linear variable differential transformers (LVDT) of 6 mm range and their average response was
recorded along with the applied load and actuator displacement.

 
Figure 5. Tensile testing setup used to measure the characteristic response shown on the typical
stress–strain response.

The characteristic stress–strain, crack spacing, and crack widening responses are summarized in
Figure 6a–c. The observed stages of damage zones have been identified schematically in this figure
and used in the discussion of results. The typical stress–strain response is predominantly linear up
to point A, which is represented as the bend over point (BOP), this is referred to as Stage I. This is
followed by the formation of the first crack in the specimen and initiation of Stage II. Between points B
and C, there isthe formation of multiple distributed cracks and the initiation of fiber–matrix debonding.
The bond exhibited by fibers resulted in crack bridging as the key toughening mechanism, which
prevented the localization of individual cracks and promoted additional cracking. When a sufficient
number of cracks had formed, stage III was initiated wherein crack saturation and widening of existing
cracks occurred, leading to localized damage between points C and D. Crack saturation occurred due
to limitations of the bond when stress in the matrix was insufficient to cause further cracks. Finally, in
stage IV, tensile failure, fiber debonding, and slip occurred, and they were irreversible [7]. Beyond
point D, the specimen significantly lost its load-carrying capacity and ultimately underwent complete
failure.The experiments addressed the composite performance of the laminates using the correlation
between the fiber–matrix bond, multiple cracking, crack widening, and crack saturation density.
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Figure 6. (a) Tensile testing results and regions of characteristic response shown on the typical
stress–strain response, (b) four stages of linear elastic, cracking, multiple cracking, localization, and
pullout, and (c) the interface debonding and pullout which contribute to crack widening.

Figure 7 shows the tensile response of the MF 40 fiber composite at two different fiber contents
of 1% and 2.5% for curing durations of 7 and 28 days. The stress–strain response can be classified
using the four stages as defined in Figure 6. In stage I, due to the linear behavior of matrix and fiber
layers, the average strain in the longitudinal direction was uniform for the composite, fiber, and matrix.
An increasing load initiated matrix cracking and stress was transferred to the fiber. Depending on the
fiber content and bond, the first cracking was initiated in the form of a micro-crack and propagated
along the width of the specimen at the bend over point (BOP) stress level, which is associated with the
tensile strength of the matrix. Figure 7 indicates that BOP was directly correlated to the fiber content
and curing age, and characterized by the elastic modulus, first crack strength, and strain.

 

Figure 7. Effect of curing duration on the tensile response of microfilament based composites.
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After initiation, a micro-crack may propagate in a stable manner due to fiber bridging, leading to
a gradual reduction of matrix stiffness. The overall aspect of fiber contents is addressed in Figure 8a,b.
The tensile stress–strain response of MAC and MF40 composites with a control matrix at various fiber
dosages are presented at distinct stages of cracking for replicate test coupons. Higher fiber content
increased the first crack strength [15] since a higher energy demand for the matrix crack propagation
is imposed, which increased the apparent first crack strength. Formation of multiple parallel cracks
was designated as stage II, as shown in Figure 6a. The dominant strain hardening behavior initiated
after the first crack with additional parallel cracks occurring sequentially since the stiffness of the fiber
phase allows for it to carry the load released by the matrix failure. The parallel cracks formed until the
minimum crack spacing was reached, which correlated with the overall stiffness of the fibers, as shown
in Figure 8c,d. The crack width and spacing were affected by the bond parameters and fiber content.
This stage ended with fiber debonding as new crack formation seized and the existing cracks widened,
matrix stress reduced, and fibers began to either get pulled out from the matrix or underwent fracture.
In samples with 2.5% fiber, a 20% increase in BOP stress, and 35% increase in ultimate strain, which led
to a 30% increase in UTS and 75% increase in toughness from 7 to 28 days of curing, was observed.

Summary results are presented in Table 3. The effect of fiber content on the first crack strength
was more pronounced for MF40 composites in comparison to the MAC fibers. This was because of
the bond surface area and distribution of thefibers throughout the matrix reducing the fiber to fiber
specific spacing and reducing the minimum flaw size. The fiber bridging effect on the growing cracks
was enhanced due to their distribution. The switch over from Stage I to II depended on the dosage
of fibers available for bridging. The first cracking stress was higher for laminates with a higher fiber
volume fraction for both MAC and MF40. At the same time for each category, the increasing volume
fraction increasedthe first crack strength. MAC fibers showed an average 1.4 MPa stress level for 1%
and 2.5% fiber dosages, while at 4% dosage, the stress at first crack increasedto 2.6 MPa. The MF40
fibers, on the other hand, had a lower first cracking stress of 2 MPa for 1% fiber dosage and an average
of 3.8MPa and 4.4 MPa for the 2.5% and 4% replicates, as shown in Table 3. Regardless of the fibers
used, stiffness, strength, and ductility increased significantly as the dosages increased. With increase in
fiber content from 1%, 2.5%, and 4%; the pre-crack stiffness increased from 14.3 ± 7.4, to 21 ± 3.3, and
24 ± 14 GPa, respectively. The post-crack stiffness changes with the increase in the fiber content from
35 ± 9, 62 ± 32, to 177 ± 28 MPa for the MF fiber, which is much lower than the initial stiffness however
much extends for a much larger strain range. The post-crack stiffnesses were significantly different in
the two fiber systems, as shown by the reported values in Table 3. The crack spacing of composites at
the crack saturation stage is shown in Figure 8c,d and point to the efficiency of the MF system.

The strain capacity of both macro- and micro-fiber systems, even at a 1% dosage level, exceeded
5%, which is an impressive level of deformation with significant energy absorption. The ultimate
tensile strength for MAC composite replicates varied from 7.45 to 13.2 MPa. This tensile strength was
significantly high and appropriate for the structural application of PP-based cementitious composites.
Post-cracking stiffness increasedfrom 81 to 197 MPa over the entire strain range and depended on the
various fiber contents. The overall toughness increasedfrom 0.79–0.83 MPa. MAC fibers at 1% and 2.5%
fiber dosage showed similar stress–strain behavior, whereas at 4%, the overall composite stiffness and
mechanical properties showed significant improvement. In all these systems, distributed cracking was
the dominant mechanism, resulting in an increased overall toughness that was primarily due to a large
strain range. The post-cracking behavior of the MF fibers were much improved compared to the MAC
fibers, showing a stiffer post-crack response with distinct distributed cracking for 1% and 2.5% fiber
dosages. However, for 4% MF40 dosage, several fine cracks close to each other resulted in a high crack
density and toughness, as evident in Figure 8d. The first cracking stress for 2.5% and 4% fiber dosage
of MF40 specimens were within 3.8 to 4.4 MPa;ultimate stress was 12.5 to 17.5 MPa; and toughness
was 1.1 MPa to 1.37 MPa, which was 65% higher than MAC fibers at 4% dosage. The comprehensive
result in these discussions can be found in Table 3.
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Figure 8. Effect of fiber content on the tensile stress–strain response: (a) MAC fiber and (b) MF40 fiber.
Spacing distribution at crack saturation stage: (c) MAC composites and (d) MF40 composites.
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3.3. Digital Image Correlation

Digital image correlation (DIC) is a full-field displacement measuring approach that tracks the
physical points of a speckle pattern on the surface of a specimen under deformation. Developed by
Sutton et al. [20] and Bruck et al. [21], it is widely applied to experimental stress analysis [22–24].
For each subset region of a sample, the corresponding deformed position is found by searching
in the vicinity that renders the correlation coefficient with the maximum likelihood or minimum
cross-correlation function [23,24]. Commercial software VIC 3D-7 was used for measurement of crack
density, spacing, and damage evolution [4,21,25,26].

Formation of a network of cracks and local strain fields are shown in Figures 9 and 10. The relative
displacements of two points, as well as crack width and spacing parametersmeasured using the DIC,
was compared with the LVDTs in Figure 9a,b. The DIC absolute and relative displacements along two
horizontal segments were obtained at 10 s intervals and compared with the mean LVDT responses.
The correlationwas close, as shown in Figure 9b, which validates the non-contacting DIC method since
it provides a full-range response.

  
(a) (b) 

Figure 9. (a) Sample with LVDT mounted on sides. (b) DIC vs. LVDT displacement correlation.

The width of each crack was tracked from initiation to development to saturation stages and
represented in Figure 10 showing the sequential formation of nine distributed cracks propagating
throughout the width and observed as a function of time of a representative specimen. This data
was post-processed to generate the crack width and spacing response up to the failure, as shown in
Figure 10a,b representing the contour of longitudinal V displacement versus Y location for a MAC
4% (replicate 1) when all the cracks were formed. Each crack was marked as a discontinuity in
displacement field, V(x), along with the Y location of the sample. The displacement discontinuity
was measured as the crack width, as shown, and the crack spacing was marked as the distance along
coordinate Y between any two cracks, as shown in Figure 10c.

Experimental stress versus time was compared with the crack formation, propagation, and
widening, as shown in Figure 11a, using the individual crack openings measured using DIC
post-processing. Results indicated that not all cracks were active at any given time during the
loading history and the definition of strain may be significantly dependent on the gage length and
the specific region of the specimen. Note that some of the cracks formed and then remained dormant
before they opened further during subsequent loading stages.
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Figure 10. (a) Distribution of longitudinal strain is reported at distinct time steps, (b) DIC V
displacement contour showing multiple crack formation at saturation stage, and (c) crack width
and crack spacing estimation.

   
(a) (b) 

Figure 11. (a) Sequence of formation and individual stress–crack width response for MAC 4%, and
(b) tensile stress–strain and crack-spacing response.
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As shown in Figure 11a, Cracks 1, 5, and 3 developed early on within the first 100secs. of the
test and widened within the time range of 250 to 400 secs. toreach a maximum 0.4 mm opening at
the ultimate strength. However, Cracks 6 and 9 openedwhile the sample had reached its maximum
stress capacity and the remaining cracks developed at a saturation crack width. The development
of new cracks when the sample approachedmaximum stress indicates that multiple cracking stages
of the overall composite was ending and the sample response was approaching the saturation stage.
After the saturation stage, the majority of the cracks opened uniformly, indicating that the fiber phase
was the primary load-carrying component. A stable crack spacing at this point and increased strains
resulted in crack widening during the last stage offailure by fiber pullout. The crack spacing was
measured as the distance between two cracks, as marked on the contour. At every strain, the number
of cracks and their individual spacing was measured. The measure crack was plotted as function of
applied strain and compared to tensile stress in Figure 11b. The mean crack spacing from these values
indicatedthe damage induced at that point. An increasing strain reducedthe average crack spacing up
to the saturation point. Figure 11b shows a saturation crack spacing of 20 mm at 0.015 strain. These
data were further processed and shown as the relationship between crack spacing and applied strain.

3.4. Correlation of Fiber Size and Type on Crack Width and Spacing

The correlation of the representative stress–strain response with the distributed cracking on the
two continuous fiber composites is shown in Figure 12. The filament structure of MF fibers developed
the bond with the cementitious matrix. The interstitial spaces between the multiple filaments were
used for penetration of the matrix phase, resulting in a superior mechanical bond and anchorage.
The tensile strength exceeded 10 MPa, which was much higher than the mono-filament MAC fibers,
which shows limited improvement in performance. A summary of the results of all the MAC and MF
at different fiber contents are shown in Figure 13a,b, showing the correlation between the fiber content
and crack saturation spacing measured from representative tests. With a tensile strength of about
8 MPa, the first cracking strength of MAC composites was quite similar to the plain matrix. The crack
spacing–strain response implies that there were denser cracks with smaller individual crack spacing
and lower saturated cracking MF fibers as compared to MAC fibers.

  

Figure 12. The tensile response of composites with MF40 fiber versus those with MAC fiber.
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(a) (b) 

 

Figure 13. Tensile cracking behavior ofrepresentative fiber composites: (a,b) effect of tensile strain on
the crack spacing formation for MAC and MF40 fiber composites, respectively.

The intensity of crack formation increased at higher dosages. The saturation crack spacing reduced
from 25 to 15 mm with increasing fiber content, as shown in Figure 13a,b. At a dosage of 1%, the crack
saturation was at 3% strain, while at dosages of 2.5% and 4%, new cracks continued to develop at
higher strain levels of 6–7%, suggesting localized failure with lower dosages due to fewer cracks, and a
dominance of crack-widening mechanisms.

3.5. Optical Microscopy

Toughening mechanisms were also observed by means of optical microscopy. The fiber
reinforcement improved the ductility through several mechanisms that includedparallel cracking, crack
bridging and deflection, fiber pullout, and fracture. The failure at the fiber–matrix interface was due to
the transfer of shear stresses between the two phases, which exceeded the interfacial shear strength.

Figure 14. (a) Distributed saturation cracking in MAC 4% composites under tension, fiber bridging the
crack (b) along the width and (c) along the thickness, (d) MF40 filaments debonding and pull out, and
(e) MF40 filaments buckling after unloading (scale markers correspond to 1 mm).

19



Appl. Sci. 2019, 9, 2189

The micrographs of multiple cracking are shown in Figure 14a–c for a representative MAC 4%
specimen. Crack bridging is a key toughening mechanism within continuous fiber composites, which is
shown along the width and thickness in Figure 14c. The fibers prevent significant strains and relaxation
of the composite by bridging the distributed cracks and thereby slowing crack propagation, which
allows for higher toughness. Figure 14d shows the delamination and pullout of MF40 fibers along
with the transverse cracking with respect to the fiber direction. The superior bond exhibited by MF40
ledto fiber fractures accompanied by pullout. Figure 14e shows the crack bridging provided by MF40
fibrillated fibers, which began to buckle due to unloading as the matrix unloadedand compressedthe
fibers. Fiber pullout was irreversible, and the final stage of tensile failurewas associated with unloading
of the cracks and buckling of bridging fibers.

4. Conclusions

The effect of the macrosynthetic and bundled multifilament polypropylene fiber types on the
distributed cracking and tensile stress–strain response of strain hardening cement composites were
studied at different volume contents. Results indicate that tensile properties increased considerably
with increasing fiber content. While the first cracking and ultimate tensile strength increased by about
200%, the post-crack modulus increased by over 400% as the volume fraction of microfilament micro
MF fibers increased from 1–4%. Composites with monofilament macro MAC fibers with the increase
in fiber content from 1–4% showed a more gradual increase of 100%, 78%, and 140% for first cracking,
ultimate strength, and post-crack modulus, respectively. Comparing the two fiber types at 4% dosage,
bundled microfibers exhibited higher first crack strength, ultimate strength, and toughness, which was
51%, 30%, and 65% higher than the mono-filament macro fiber systems. The tensile strength of the two
systems compared at an average of 17.3 MPa versus 13.2 MPa for micro and macro fibers respectively.
At the low fiber dosages, the performance of the macrofiber was slightly better. The nature of the
open space between the multifilament structure of MF fibers allowed for penetration of the matrix and
mechanical anchorage of the filaments, thus improving the interface bonding.

Four stages of composite stress–strain response consisting of the linear elastic stage upto the bend
over point, the distributed cracking, and the crack widening zones were discussed in detail. The
reduction of tensile stiffness during the distributed cracking provided for significant toughening and
ductility of the composites. The general decrease in the crack spacing until saturation crack spacing
was a key component of the material behavior. Evolution of crack spacing corresponding to the load
was measured using quantitative DIC and correlated with the stress–strain response. At low dosages,
crack formation was limited, and toughening through crack widening was more dominant. However
at higher fiber dosages, especially with multifilament fiber yarns, denser crack distribution capacity
and lower saturation crack spacing were observed. This enables better composite action with the
cementitious matrix than the macrosynthetic fibers. The proposed structurally efficient, resilient, and
durable sections promise to compete with several conventional building materials, such as timber and
light gage steel, based sections for lightweight construction and panel applications.
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Featured Application: Optimisation of textile reinforced concrete (TRC) composites for new

constructions and for the seismic retrofitting of existing buildings.

Abstract: Textile reinforced concrete (TRC) is a promising high-performance material that has been
employed with success in new constructions, as well as a strengthening layer of existing structural
components. In this work, we document the optimisation procedure of textile-based composites
for new construction and for the seismic retrofitting of under-reinforced concrete elements and
masonry buildings. The study, aimed at maximising the material performances avoiding waste
of economic resources, was addressed by means of a series of uniaxial tensile tests conducted
on a wide set of alkali-resistant (AR) glass fabrics and TRCs. The samples differed in terms of
cement-based matrices, embedded textiles and addition of dispersed microfibers. The results
highlight the effects of fabric characteristics and introduction of short fibres on the mechanical
behaviour, proposing novel comparison parameters based upon the load bearing capacity and the
deformation response of the composites. The application of simplified analytical models borrowed
from the literature finally revealed the limitations of the available predictive approaches, suggesting
future lines of investigation.

Keywords: textile reinforced concrete; TRC; fabric reinforced cementitious mortar; FRCM; glass
fabric; high performance concrete; retrofitting; ACK model; stochastic cracking model

1. Introduction

The growing interest in cost-effective solutions for the structural upgrading of existing buildings
and infrastructures has gradually oriented research towards the optimisation of high-performance
cement-based composites originally conceived for new lightweight constructions. Such materials,
known as textile reinforced concretes (TRCs) [1,2] and fabric-reinforced cementitious mortars (FRCMs)
in their recent developments [3–5], are generally employed in the form of thin layers and have
proven able to significantly enhance the load-bearing and deformation capacities of underperforming
structures [6]. Among economy, ease of application, fire safety, durability and compatibility with the
hosting substrates, one of the main advantages is the limited increase in the global mass and, hence,
the containment of the inertial forces activated during seismic motions.

Considering the large surfaces targeted by the retrofitting interventions, a primary objective
is to avoid material wastage; in this sense, there is a major need of guidelines and simplified
predictive models that can effectively assist the identification of optimum design solutions. Being the
tensile behaviour of TRC strongly influenced by the matrix composition [7,8], the geometrical and
chemo-mechanical characteristic of the embedded fabrics [9–11] and the possible presence of short
fibres [12], in this paper we aim at further clarifying the involved phenomena, introducing comparison
parameters that may represent a starting point for future developments.
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The investigation procedures were set in the context of recent legislative initiatives, which resulted
in new Italian regulations: (1) the CNR DT-215 [13], National Research Council technical instructions
for the design, execution and control of static consolidation interventions through the use of FRCMs;
and (2) the mandatory “Guidelines for the identification, qualification and control of fibre-reinforced
inorganic-matrix composites, referred to as FRCMs”, recently issued by the Supreme Council for
Public Works [14]. Against this background, experimental results pertaining to 70 fabric specimens
and 72 composites tested in uniaxial tension are presented, discussed and modelled by means of
a well-established analytical approach. In particular, the ACK model originally proposed by Aveston,
Cooper and Kelly [15,16] and extended to E-glass fibre reinforced Inorganic Phosphate Cement (IPC)
by Cuypers and Wastiels [17] was critically assessed, highlighting the merits, the predictive limitations
and the room for improvement.

2. Mechanical Characterisation and Selection of Base Materials

FRCM samples were manufactured out of two alternative mix designs: (i) a flowable high-strength
micro-concrete for applications comprising temporary formworks; and (ii) a commercial ready-mix
thixotropic mortar developed for repairing. One layer of alkali-resistant (AR) glass fabric, alternately
selected amongst seven products, was always placed at mid-thickness, by way of a traditional hand
lay-up technique. The dispersion of short fibres into the matrix was also explored, with a view to
improve energy absorption, control crack openings and guarantee greater structural performances at
serviceability. Relevant material properties are described in the following.

2.1. Cement-Based Materials

The compositions of the two cement-based matrices are displayed in Tables 1 and 2. Matrix M1 was
a fine-grained self-compacting very high performance concrete (VHPC), characterised by an average
cubic compressive strength fcc of 93.55 MPa and a flexural tensile strength fctf of 14.26 MPa, while
matrix M2 was a shrinkage-compensated thixotropic mortar exhibiting an average cubic compressive
strength fcc of 58.94 MPa and a flexural tensile strength fctf of 7.02 MPa (Table 3).

Table 1. Matrix M1 composition.

Component (kg/m3)

Cement I 52.5 600
Sand 0–2 mm 976.46

Water 209
Superplasticiser 44

Blast furnace slag 500

Table 2. Matrix M2 composition.

Component (kg/m3)

Ready-mix
admixture 1840

Water 276
Expansive agent 18.4
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Table 3. Bending, tensile and compressive strengths of matrices M1 and M2: discrete values, average
values, standard deviations and shape coefficients m of the two-parameter Weibull distributions.

Specimen
Matrix M1 Matrix M2

fctf (MPa) fct (MPa) fcc (MPa) fctf (MPa) fct (MPa) fcc (MPa)

N1 16.49 7.30 100.42 8.26 3.66 69.08
N2 14.81 6.55 98.36 7.15 3.16 65.20
N3 14.01 6.20 93.86 8.46 3.74 59.94
N4 14.61 6.47 90.66 7.28 3.22 56.77
N5 12.74 5.63 88.97 5.11 2.26 49.52
N6 12.90 5.71 89.01 5.85 2.59 53.12

Average 14.26 6.31 93.55 7.02 3.10 58.94
(std) (1.39) - (4.91) (1.32) - (7.35)

(std%) (10%) - (5%) (19%) - (12%)
m (Weibull) 11.58 - - 7.15 - -

Bending and compressive tests were carried out on six nominally identical prismatic specimens
(40 × 40 × 160 mm3) according to UNI EN 196 [18] and the tensile strengths fct were deduced from the
bending results via the formula proposed in the Model Code 2010 (MC2010) [19]:

fct= f ct f
α·h0.7

1 + α·h0.7 , (1)

where h is the beam depth (40 mm) and α is a coefficient that decreases as the concrete brittleness
increases; on a first approximation, α was taken equal to 0.06 (value referred to normal strength
concrete) for both M1 and M2. Elastic moduli were estimated from the average compressive strength
(42.9 GPa for M1 according to MC2010), or from data provided by the manufacturer (28 GPa for
M2). Concerning the commercial mortar, it is important to underline the discrepancy between
the mean flexural results of Table 3 (7.02 MPa) and the average values declared by the producer
(10.1 MPa, corresponding to an fctm of 4.47 MPa), probably caused by a different casting procedure.
Beam specimens were in fact manufactured without paying much attention to the material compaction
and this resulted in a macroscopic porosity.

2.2. Alkali-Resistant Glass Fabrics

The seven AR-glass fabrics depicted in Figure 1 were selected from a broad set proposed by the
manufacturer, following preliminary considerations aimed at ensuring the typical trilinear tensile
behaviour of TRC and covering diverse structural interventions, where textile geometry and tensile
capacity play a significant role.

Figure 1. Overview of the investigated alkali-resistant glass fabrics (70 × 70 mm2 samples).

The main characteristics of the fabrics are given in Table 4, where it is possible to observe that
grid spacings between 5 and 38 mm were explored and both styrene-butadiene rubber (SBR) and
epoxy coatings were considered. As displayed in Figure 1, Fabrics F2 and F3 as well as F4 and F5 were
identical, with the only exception being the coating nature; on close observation it was possible to
detect that slight geometrical alterations were present, since SBR-coated fabrics tended to be more
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squashed at the manufacturing stage. To the exclusion of Fabrics F6 and F7, the reinforcements were
balanced in the warp and in the weft directions, as proved by the equivalent thicknesses teq collected in
Table 4. This geometrical parameter was evaluated according to the following steps: (i) calculation of
the equivalent wire section Aw as the ratio between the Tex (g/km) and the glass density (2680 kg/m3);
(ii) calculation of the number of wires nw over 1 m, according to the spacing; and (iii) calculation of teq

as the ratio between the global area (equivalent wire section times the number of wires Aw · nw) and
1 m width.

Table 4. Alkali-resistant glass fabrics characteristics.

F1 F2 F3 F4 F5 F6 F7

Fabrication technique Leano
weave

Double
leano

weave

Double
leano

weave

Double
leano

weave

Double
leano

weave

Leano
weave

Leano
weave

Coating nature SBR Epoxy SBR Epoxy SBR SBR SBR

Warp

Wire spacing (mm) 18 38 38 38 38 5 10
Roving fineness (Tex) 2 × 1200 2 × 1200 2 × 1200 2 × 2400 2 × 2400 2 × 1200 2 × 2400
Filament diameter (μm) 19 19 19 27 27 19 27
Equivalent reinforcement
thickness* teq (mm) 0.050 0.046 0.046 0.093 0.093 0.179 0.179

Weft

Wire spacing (mm) 18 38 38 38 38 12 14.3
Roving fineness (Tex) 2400 2 × 2400 2 × 2400 4 × 2400 4 × 2400 2400 2 × 1200
Filament diameter (μm) 27 27 27 27 27 27 19
Equivalent reinforcement
thickness* teq (mm) 0.050 0.046 0.046 0.093 0.093 0.071 0.062

* calculated over a width of 1 m.

For each direction of the reinforcements, five uniaxial tensile tests were performed according
to the strip method [20] of Figure 2, obtaining the average peak loads Pmax,avg given in Table 5.
The samples (70 × 400 mm2 in size) were clamped to an electromechanical press (a clamping force of
about 8 kN was applied) with a maximum load capacity of 30 kN and a constant machine crosshead
displacement (stroke) rate of 100 mm/min was taken as the feedback parameter. Epoxy resin tabs
were preliminary created at the ends of each specimen (see Figure 2), to prevent stress localisation and
slippage phenomena within the clamping zones.

Figure 2. Fabric and textile reinforced concrete (TRC) specimens: uniaxial tensile test setups and
nominal geometries (measures expressed in mm).

Referring to the standard deviations (std%) of Table 5, smaller pick distances (Fabrics F6 and F7)
were generally associated to smaller dispersion of the mechanical results, in particular in the warp
direction. The reason for this was the greater redundancy of the sample, which resulted less exposed
to uneven stress distributions due to imprecise fabric geometry or clamping misalignments. The glass
areas Af given in Table 5 represent the cross-sections of the assembled rovings actually embedded
within the 70 mm specimen widths, i.e. subjected to the tensile load P; as one should note, Af does
not correspond to the product between the equivalent thickness teq and 70 mm, since the strip width
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was generally not an exact multiple of the grid spacing. The fabric efficiency factor EFf was instead
calculated as follows:

EF f =
Pf ,max,avg

A f ·σf u
, (2)

where σfu is the glass filament strength, assumed equal to 2000 MPa according to the manufacturer
data. The parameter EFf provides crucial information on the rate of utilisation of the reinforcing
material and may hence be related to cost-efficiency considerations. As an example, despite Fabric F4
being characterised by a 43% smaller Af than Fabric F7 (warp direction), the average peak loads were
nearly the same, meaning that in Fabric F7 several glass filaments were basically ineffective. This was
explained by the greater capability of epoxy resin to impregnate the glass filaments, limiting telescopic
failure modes [21].

Table 5. Mechanical properties of the investigated fabrics: average maximum tensile loads and
efficiency parameters (70 mm wide specimens).

F1 F2 F3 F4 F5 F6 F7

Warp

Af (mm2) 3.582 3.582 3.582 7.164 7.164 12.537 12.537
Pf,max,avg (kN) 5.72 6.41 6.21 12.50* 11.44* 15.98 12.20*
(std) (0.27) (0.29) (0.31) (0.67) (0.63) (0.15) (0.20)
(std%) (4.80%) (4.53%) (4.92%) (5.34%) (5.48%) (0.93%) (1.63%)
EFf 0.80 0.89 0.87 0.87 0.80 0.64 0.49

Weft

Af (mm2) 3.582 3.582 3.582 7.164 7.164 5.373 4.478
Pf,max,avg (kN) 5.36 4.81 5.51 11.70 10.09* 8.69 6.34
(std) (0.27) (0.33) (0.76) (0.75) (0.82) (0.71) (0.41)
(std%) (5.13%) (6.86%) (13.78%) (6.42%) (8.09%) (8.15%) (6.40%)
EFf 0.75 0.67 0.77 0.82 0.70 0.81 0.71

* average of four samples.

Average load vs. stroke displacement (P-δ) and nominal fabric stress vs. normalised displacement
(σf -δ/L0) curves are plotted in Figures 3 and 4, respectively; the nominal fabric stress σf was calculated
as Pf,max,avg/Af, while the normalised displacement was obtained as the ratio between the stroke
displacement and the free specimen length of Figure 2 (about 300 mm). As clearly shown in Figure 4a,
heavy-duty textiles F6 and F7 markedly deviated from Fabrics F1–F5, confirming their lower efficiency.
It is also worth noticing that F6 and, to a greater extent, F7 became stiffer as the applied tensile load
increased, as a result of a strong fabric “Poisson” effect that is addressed below.

 
(a) 

 
(b) 

Figure 3. Fabric average tensile responses in terms of load vs. displacement: in the warp direction (a);
and in the weft direction (b).

27



Appl. Sci. 2019, 9, 1492

 
(a) 

 
(b) 

Figure 4. Fabric average tensile responses in terms of fabric stress vs. normalised displacement: in the
warp direction (a); and in the weft direction (b).

2.3. Short Fibres

Hybrid reinforcing solutions were explored by including in the cement-based mortars the short
fibres described in Table 6: (i) straight high-carbon steel microfibers (diameter 0.21 mm, length 13 mm,
aspect ratio 62, tensile strength 2750 MPa), encoded as S; and (ii) high alkali resistance polyvinyl alcohol
fibres (equivalent diameter 0.16–0.24 mm, length 18 mm, aspect ratio 90, yield strength 790–1160 MPa),
encoded as PVA. Nominal volume fractions Vsf of 1% were considered, although it is fair to note that
segregation of steel fibres in the fresh-state VHPC led, in some cases, to effective volume fractions of
about 0.5%, as proven by the wash-out of the fibres segregated in the mixer bowl; however, as discussed
in the following, no significant changes in the response were observed.

Table 6. Geometrical and mechanical properties of the short fibres (high-carbon steel S and polyvinyl
alcohol PVA).

Characteristics S fibres PVA fibres

Material High-carbon steel Polyvinyl alcohol
Length lf (mm) 13 18

Diameter df (mm) 0.21 0.16–0.24
Aspect ratio lf/df 62 ~90

Tensile strength (MPa) 2750 790–1160
Modulus of elasticity (GPa) 200 30

As shown in the literature [12], synergy effects can be achieved thanks to the mechanical
stabilisation ensured by the textiles, potentially improving the material strength, the fracture behaviour
and the bond between the yarns and the matrix.

3. Mechanical Characterisation of TRC Composites

TRC specimens (70 × 400 × 9 mm3 in size) were tested in uniaxial tension after at least 28 days of
natural curing, according to the scheme in Figure 2. Four steel plates (70 × 50 × 1 mm3) were glued
at the ends, to prevent stress localisations within the clamping regions, where a transverse force of
about 12 kN was imposed. The tests were displacement controlled imposing a constant stroke rate
of 0.02 mm/s and two linear variable differential transformer (LVDT) transducers measured integral
crack opening displacements astride a gauge length (GL) of about 200 mm. Average results of each
set of three nominally identical samples are depicted in Figures 5 and 6, in terms of nominal TRC
stress (σTRC = P/ATRC, with ATRC = t·b) vs. normalised displacement (δ/L0) along the warp reinforcing
direction; relevant geometrical and mechanical quantities are collected in Table 7. The curves reflect
the typical trilinear behaviour of TRC, consisting of a first linear-elastic branch, a second multiple
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crack formation phase and a third region dominated by the fabric response [22]; please note that
marked discontinuities of the average third-branch responses generally indicate the failure of one of
the three nominal identical specimens belonging to the set, after which the results are averaged on the
remaining samples. It is hence important to observe that the peaks of the curves are representative of
the best performing sample, while the numbers collected in Table 7 are always the average of the three
individual values.

Focussing on the final state—theoretically associated to the rupture of the AR-glass textile—it
was possible to notice that some samples failed due to a loss of textile/matrix bond, mostly caused by
an insufficient anchorage length. In fact, the length of the load introduction zones in Figure 2, albeit
in the range of the minimum values prescribed by the Italian guidelines [14], is about half of the one
suggested by recent recommendations for TRC tensile tests [23]. Fabric slippage most likely occurred
on M2-based composites, since the greater porosity (noticed by visual inspection) of the thixotropic
mortar penalised the bond between the rovings and the cementitious phase.

  
(a) (b) 

Figure 5. Average tensile response in terms of nominal stress vs. normalised displacement for M1-based
(a) and M2-based (b) composites reinforced with Fabrics F1–F3 (warp direction).

  
(a) (b) 

Figure 6. Average tensile response in terms of nominal stress vs. normalised displacement for M1-based
(a) and M2-based (b) composites reinforced with Fabrics F4–F7 (warp direction).
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Table 7. Tensile test results for TRC composites: average values (avg.) and standard deviations (std).

t (mm)
b

(mm)
L0

(mm)
Pmax
(kN)

δu
(mm)

σTRC,max
(MPa)

σTRC,f,max
(MPa)

δu/L0

(–)
σI

(MPa)

F1-M1
avg. 8.34 70.66 295.67 4.60 6.66 7.82 1283.82 0.0225 3.35
(std) (0.49) (1.24) (0.58) (0.13) (0.44) (0.45) (36.83) (0.0014) (0.15)

F1-M1-S
avg. 8.41 70.71 295.00 5.05 6.24 8.49 1408.65 0.0211 2.88
(std) (0.17) (0.76) (1.00) (0.16) (0.16) (0.30) (45.14) (0.0006) (1.18)

F1-M2
avg. 10.40 70.59 293.00 3.55 5.01 4.84 991.96 0.0171 3.46
(std) (0.68) (0.19) (1.00) (0.18) (0.44) (0.11) (49.49) (0.0015) (0.49)

F1-M2-PVA
avg. 10.60 70.46 293.33 4.05 4.48 5.46 1131.77 0.0153 2.96
(std) (0.60) (1.03) (1.15) (0.38) (0.92) (0.85) (107.46) (0.0032) (0.15)

F2-M1
avg. 7.92 70.62 294.00 5.36 7.50 9.59 1497.15 0.0255 3.34
(std) (0.05) (1.12) (1.00) (0.14) (0.20) (0.39) (38.75) (0.0006) (0.78)

F2-M1-S
avg. 8.87 70.46 292.67 6.08 5.03 9.74 1698.58 0.0172 6.25
(std) (0.10) (0.54) (1.15) (0.61) (0.97) (1.08) (169.29) (0.0033) (1.53)

F2-M2
avg. 9.99 70.25 293.67 4.53 6.56 6.48 1265.55 0.0223 3.02
(std) (0.18) (0.90) (0.58) (1.12) (0.97) (1.68) (313.91) (0.0033) (0.39)

F2-M2-S
avg. 9.73 70.45 293.33 5.64 7.24 8.24 1575.79 0.0247 3.23
(std) (0.31) (0.57) (0.58) (0.43) (0.29) (0.71) (120.65) (0.0010) (0.22)

F2-M2-PVA
avg. 9.81 70.50 294.00 5.70 6.81 8.27 1591.94 0.0232 2.75
(std) (0.61) (1.33) (1.73) (0.08) (0.23) (0.54) (23.05) (0.0008) (0.46)

F3-M1
avg. 8.95 70.45 294.33 3.75 2.78 5.96 1047.76 0.0094 4.64
(std) (0.41) (0.19) (1.53) (0.19) (2.22) (0.48) (52.64) (0.0075) (1.93)

F4-M1
avg. 8.89 70.66 293.33 9.84 8.04 15.67 1373.17 0.0274 2.97
(std) (0.29) (0.57) (0.58) (0.68) (0.63) (0.93) (94.33) (0.0022) (0.43)

F4-M1-S
avg. 9.11 70.61 293.33 9.80 7.99 15.24 1368.26 0.0272 2.96
(std) (0.10) (1.00) (2.08) (0.56) (0.76) (0.74) (78.02) (0.0024) (0.17)

F4-M2
avg. 10.86 70.61 294.33 9.13 7.65 11.91 1274.61 0.0260 2.53
(std) (0.15) (1.01) (0.58) (1.34) (0.73) (1.84) (187.71) (0.0024) (0.36)

F4-M2-PVA
avg. 11.17 70.56 292.33 10.61 8.32 13.51 1481.42 0.0285 2.99
(std) (0.51) (0.63) (1.53) (0.31) (0.38) (1.13) (43.17) (0.0012) (0.26)

F5-M1
avg. 8.77 70.58 294.00 6.46 5.12 10.45 902.39 0.0174 3.86
(std) (0.12) (0.89) (1.00) (0.82) (0.88) (1.15) (114.31) (0.0030) (0.38)

F6-M1
avg. 9.01 69.70 295.00 10.78 8.25 17.15 859.64 0.0280 5.23
(std) (0.34) (0.65) (1.73) (0.60) (1.43) (0.78) (48.21) (0.0050) (1.33)

F6-M1-S
avg. 8.83 70.58 295.33 11.56 7.63 18.58 921.68 0.0258 6.07
(std) (0.44) (1.05) (0.58) (0.77) (0.60) (1.65) (61.05) (0.0021) (0.76)

F6-M2
avg. 9.51 70.29 293.67 9.50 10.39 14.22 757.92 0.0354 2.84
(std) (0.17) (0.54) (3.51) (0.35) (0.41) (0.51) (27.62) (0.0012) (0.36)

F6-M2-S
avg. 9.67 70.58 295.00 10.06 10.00 14.73 802.07 0.0339 4.15
(std) (0.10) (0.76) (1.00) (0.40) (0.25) (0.41) (32.27) (0.0008) (0.44)

F6-M2-PVA
avg. 10.99 70.46 294.67 8.87 9.67 11.46 707.14 0.0328 4.11
(std) (0.42) (0.56) (1.53) (0.62) (0.69) (0.90) (49.46) (0.0025) (0.19)

F7-M1
avg. 8.55 70.43 294.00 11.05 6.86 18.38 881.37 0.0233 2.54
(std) (0.68) (0.33) (0.00) (0.96) (0.53) (1.28) (76.22) (0.0018) (0.85)

F7-M1-S
avg. 8.54 70.53 295.33 11.76 6.26 19.54 938.03 0.0212 3.77
(std) (0.54) (0.63) (0.58) (1.33) (0.48) (1.99) (105.96) (0.0016) (1.20)

F7-M2
avg. 10.62 69.96 293.00 6.91 5.63 9.31 550.79 0.0192 3.83
(std) (0.20) (0.44) (1.00) (1.62) (2.17) (2.28) (128.93) (0.0074) (0.48)

F7-M2-PVA
avg. 10.32 70.13 294.00 10.32 5.79 14.38 823.55 0.0197 3.30
(std) (0.65) (1.23) (1.00) (1.73) (0.77) (3.15) (138.05) (0.0027) (0.42)

4. Discussion of the Results

4.1. Effect of Fabric Coating

As already introduced, the nature of the coating acts on both the efficiency of the AR-glass fabric
and the strength of the composite. This is explained by the greater surface roughness observed in
epoxy-impregnated textiles, which increases the adhesion with the surrounding cementitious matrix,
and by the greater mechanical anchorage offered by the weft yarns when the specimen is loaded
along the warp direction. This phenomenon is clearly correlated to the better ability of epoxy resins to
penetrate and impregnate the glass filaments, stiffening the nodal connections between weaved strands.
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The latter effect assumes greater importance in the case of wide-spaced fabrics because, contrary to
narrow-spaced textiles, the number of nodal connections within the sample width is limited and,
in some combinations, the TRC is unable to exhibit the intended trilinear response [22].

To better highlight the effect of the coating nature, M1-based composites alternately reinforced
with Fabrics F2 and F3 as well as F4 and F5 Were considered. Such couples of textiles were characterised
by the same geometry, being the only difference the impregnation technique: SBR for F3 and F5 and
epoxy for F2 and F4. In Figures 7 and 8, the comparison between the two average responses in terms of
nominal stress vs. normalised displacement corroborates the mentioned explanations, since a general
increase of the mechanical capacity amid epoxy-impregnated textiles can be observed. The use of
epoxy coating also entailed an increased number of cracks and a more stable multi-cracking phase
(stress drops appear smoother). Moreover, it is worth underlining that the flatter geometry of SBR
coated textiles, explained by the greater pressure exerted by the impregnation rollers, led to an increase
of the nominal cracking stresses (given a constant composite thickness, the effective cross-section of
the mortar is bigger).

 

 
 

(a) (b) 

Figure 7. Effect of different coatings on the uniaxial tensile response (a); and on the cracking pattern
(b) of M1-based composites reinforced with geometrically identical F2 and F3 fabrics.

 

 
 

(a) (b) 

Figure 8. Effect of different coatings on the uniaxial tensile response (a); and on the cracking pattern
(b) of M1-based composites reinforced with geometrically identical F4 and F5 fabrics.
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4.2. Effect of Dispersed Short Fibres

The addition of short fibres impacts on the mechanical performances of TRC composites by
increasing the first cracking stress, the nominal stress in the second and third branches—due to the
improvement of the bond between the textile and the matrix—and the number of cracks, hence
ensuring a better behaviour in terms of durability [12].

Average tensile responses of different composites reinforced with Fabrics F2 and F6, with or
without the addition of short steel and PVA fibres, are displayed in Figure 9. It was possible to notice
an overall improvement of the mechanical capacity for all types of matrices and added fibres, with the
exception of F6-M2-PVA composites, where the benefits on the mechanical response were not visible,
probably because of a combined effect of the narrow-spaced grid of the textile and the porosity of
the matrix (in this case the addition of fibres may increase the number of defects, reducing bond and
promoting early fabric slippage). The effect of hybrid reinforcing technologies is also assessed in
Figure 10, where a densification of the cracking patterns can be generally observed.

  
(a) (b) 

Figure 9. Effect of short fibres addition on the uniaxial tensile response of TRC composites reinforced
with Fabrics: F2 (a); and F6 (b).

  
(a) (b) 

Figure 10. Cracking patterns with and without short fibres for TRC composites reinforced with Fabrics:
F2 (a); and F6 (b).

4.3. Definition of Comparison Parameters

In light of the foregoing evidence on the influence of each component (fabric, coating, matrix and
dispersed short fibres) on the TRC tensile behaviour, it was deemed necessary to establish a quantitative
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comparison approach between different responses to validate the observed trends in the perspective to
promote the use of such materials among designers. The following considerations were made after
excluding from the whole set the composites manufactured with Fabrics F3 and F5, on account of the
observations drawn in Section 4.1.

Two different families of values were introduced: (i) efficiency factors (EF), which quantify the
global load capacity of the systems and the exploitation of the AR-glass fibres; and (ii) ductility/energy
absorption parameters, which describe the behaviour of a composite system in the multi-cracking
phase (regarded as significant, since in seismic retrofitting applications hysteretic energy dissipation is
expected to occur mainly in this region). Ductility coefficients may also help to better underline the
effect of hybrid reinforcing solutions.

In addition to the standard efficiency factor, EFTRC, defined as the ratio between the maximum
capacity of the composite and the one of the plain fabric (see Equation (3) and Figure 11a), a second
factor EFTRC,f was introduced (see Equation (4) and Figure 11a), obtained dividing the ultimate TRC
stress referred to the fabric equivalent section, σTRC,f, by the glass filaments strength σfu:

EFTRC =
PTRC,max

Pf ,max
=

σTRC, f ,max

σf ,max
, (3)

EFTRC, f =
σTRC, f ,max

σf u
=

σTRC, f ,max

2000 MPa
. (4)

  
 (a) (b) 

Figure 11. Identification of relevant mechanical parameters on the uniaxial tensile response: efficiency
(a) and ductility/energy absorption (b) variables.

The ductility/energy absorption parameters depicted in Figure 11b are defined as: (i) the value of
normalised displacement ε2 = δ2/L0 corresponding to the end of the multi-cracking phase; (ii) the total
absorbed energy per unit volume UT,I-II within the equivalent strain range 0-ε2; and (iii) the average
stress σI-II (Equation (5)) obtained by imposing the equivalence of the area under the stress–strain
curve in the first two stages of the response:

σI−I I =
UT,I−I I

ε2
. (5)

The introduced parameters, averaged over each nominally identical set, are collected in Table 8.
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Table 8. Relevant mechanical parameters for TRC composites under uniaxial tension: average values
(avg.) and standard deviations (std).

σf,max
(MPa)

σTRC,f,max
(MPa)

EFTRC (-)
EFTRC,f

(-)
UT,I-II
(J/m3)

ε2 (-)
σI-II

(MPa)

F1-M1
avg. 1596.87 1283.82 0.80 0.64 0.0283 0.0089 3.13
(std) (76.62) (36.83) (0.02) (0.02) (0.0079) (0.0015) (0.39)

F1-M1-S
avg. 1596.87 1408.65 0.88 0.70 0.0421 0.0097 4.30
(std) (76.62) (45.14) (0.03) (0.02) (0.0114) (0.0023) (0.21)

F1-M2
avg. 1596.87 991.96 0.62 0.50 0.0357 0.0114 3.13
(std) (76.62) (49.49) (0.03) (0.02) (0.0057) (0.0014) (0.17)

F1-M2-PVA
avg. 1596.87 1131.77 0.71 0.57 0.0345 0.0098 3.49
(std) (76.62) (107.46) (0.07) (0.05) (0.0051) (0.0005) (0.36)

F2-M1
avg. 1789.50 1497.15 0.84 0.75 0.0358 0.0101 3.43
(std) (81.01) (38.75) (0.02) (0.02) (0.0139) (0.0019) (0.84)

F2-M1-S
avg. 1789.50 1698.58 0.95 0.85 0.0786 0.0116 6.79
(std) (81.01) (169.29) (0.09) (0.08) (0.0052) (0.0004) (0.31)

F2-M2
avg. 1789.50 1265.55 0.71 0.63 0.0302 0.0100 2.96
(std) (81.01) (313.91) (0.18) (0.16) (0.0126) (0.0035) (0.18)

F2-M2-S
avg. 1789.50 1575.79 0.88 0.79 0.0329 0.0096 3.43
(std) (81.01) (120.65) (0.07) (0.06) (0.0047) (0.0011) (0.08)

F2-M2-PVA
avg. 1789.50 1591.94 0.89 0.80 0.0466 0.0110 4.24
(std) (81.01) (23.05) (0.01) (0.01) (0.0088) (0.0018) (0.22)

F4-M1
avg. 1744.44 1373.17 0.79 0.69 0.0167 0.0054 3.09
(std) (93.24) (94.33) (0.05) (0.05) (0.0034) (0.0007) (0.25)

F4-M1-S
avg. 1744.44 1368.26 0.78 0.68 0.0124 0.0043 2.90
(std) (93.24) (78.02) (0.04) (0.04) (0.0030) (0.0008) (0.31)

F4-M2
avg. 1744.44 1274.61 0.73 0.64 0.0189 0.0066 2.84
(std) (93.24) (187.71) (0.11) (0.09) (0.0053) (0.0012) (0.27)

F4-M2-PVA
avg. 1744.44 1481.42 0.85 0.74 0.0166 0.0055 3.00
(std) (93.24) (43.17) (0.02) (0.02) (0.0030) (0.0005) (0.29)

F6-M1
avg. 1274.63 859.64 0.67 0.43 0.0666 0.0107 6.02
(std) (11.80) (48.21) (0.04) (0.02) (0.0300) (0.0027) (1.21)

F6-M1-S
avg. 1274.63 921.68 0.72 0.46 0.0394 0.0061 6.19
(std) (11.80) (61.05) (0.05) (0.03) (0.0231) (0.0023) (1.01)

F6-M2
avg. 1274.63 757.92 0.59 0.38 0.0433 0.0095 4.53
(std) (11.80) (27.62) (0.02) (0.01) (0.0107) (0.0017) (0.32)

F6-M2-S
avg. 1274.63 802.07 0.63 0.40 0.0304 0.0068 4.45
(std) (11.80) (32.27) (0.03) (0.02) (0.0036) (0.0007) (0.06)

F6-M2-PVA
avg. 1274.63 707.14 0.55 0.35 0.0356 0.0082 4.33
(std) (11.80) (49.46) (0.04) (0.02) (0.0073) (0.0012) (0.25)

F7-M1
avg. 972.32 881.37 0.91 0.44 0.0320 0.0073 4.27
(std) (15.90) (76.22) (0.08) (0.04) (0.0135) (0.0019) (0.92)

F7-M1-S
avg. 972.32 938.03 0.96 0.47 0.0109 0.0031 3.46
(std) (15.90) (105.96) (0.11) (0.05) (0.0035) (0.0002) (0.84)

F7-M2
avg. 972.32 550.79 0.57 0.28 0.0358 0.0079 4.47
(std) (15.90) (128.93) (0.13) (0.06) (0.0100) (0.0014) (0.49)

F7-M2-PVA
avg. 972.32 823.55 0.85 0.41 0.0251 0.0057 4.36
(std) (15.90) (138.05) (0.14) (0.07) (0.0046) (0.0008) (0.31)

Looking at the efficiency factors trends plotted in Figure 12, it was possible observe that:

• A more loosely packed matrix (i.e., M2) generally implied lower EFTRC (solid black dots) in the
composites, thus confirming the previously drawn conclusion about the internal fabric slippage
in M2-based systems (see Section 3).

• The values of EFTRC,f (grey crosses) were lower in the composites reinforced with greater amounts
of AR-glass (F6 and F7, compared with F1, F2 and F4) and this clearly indicated a material waste,
while EFTRC (solid black dots) was only representative of the interaction between matrix and
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fabric. Focussing on F6-M1 and F7-M1 systems, it was possible to observe that close EFTRC,f values
did not imply similar EFTRC values, probably due to different internal slippage (see Figure 6a).

• The addition of short fibres implied, as expected, a general increase of the EFTRC parameters.
The only exception was represented by F6-M2-PVA samples, possibly because the addition of
short fibres in a matrix embedding a narrow-grid textile introduced a defect at the fabric–matrix
interface, favouring internal slippage. In addition, it is important to stress that the higher porosity
of matrix M2 entailed a lower fibre pull-out strength; moreover, the increment of EFTRC was
higher in the cases with low-grammage textiles (F1 and F2) because, given the fixed volume
fraction of short fibres, the percentage increase of the reinforcement ratio was higher.

• The composites manufactured with epoxy-impregnated fabrics (F2–F4) were more efficient,
probably due to a greater chemo-mechanical bond (greater surface roughness combined with
stiffer nodal connections between warp and weft yarns, as discussed in Section 4.1). Moreover,
the two composite efficiency factors (EFTRC and EFTRC,f) were closer, due to the greater efficiency
of the plain fabric (see the warp EFf values of Table 5).

 
 

(a) (b) 

Figure 12. Efficiency factors in uniaxial tension for M1-based (a) and M2-based (b) TRC composites.

Figure 13 reveals the effect of short fibres addition on the ductility/energy absorption parameters.
Normalising each average value with respect to the corresponding plain TRC one, was noticed that:

• In the case of low to medium grammage fabrics (F1 and F2), a general increase of the average stress
σI-II was observed. Moreover, greater control over damage development was achieved. An overall
increase of the total absorbed energy was observed, in particular in M1-based composites,
confirming preliminary considerations.

• In the case of heavy-duty fabrics (F6 and F7, already characterised by a great reinforcement volume
fraction), the responses became stiffer and showed a reduction of ε2 and UT,I-II; consequently,
the improvement of the mechanical capacity could only be assessed through the efficiency factors.

  
(a) (b) 

Figure 13. Ductility/energy absorption parameters in uniaxial tension for M1-based (a) and M2-based
(b) TRC composites: effect of fibres addition.
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5. Analytical Modelling

As proven by empirical results, variations in the tensile response of TRC and hybrid composites
depend upon the characteristics of base materials (fabrics, coatings, matrices and dispersed fibres)
and their positive or negative interactions when combined into a complex system. The evaluation
of the tensile capacity of TRC is generally assessed experimentally, by performing uniaxial tensile
tests that represent the basis of current engineering approaches [23] for the structural design of
building interventions.

In this context, there is a strong need to implement available analytical tools into robust predictive
models aimed at assisting the experimental optimisation procedures. The following subsections deal
with the modelling of the macro-mechanical tensile responses by means of well-established simplified
approaches, critically assessed in the perspective of highlighting future lines of investigation.

5.1. Description of the ACK and the Stochastic Cracking Models

The Aveston, Cooper and Kelly theory [15,16] for fibre-reinforced composites was originally
developed to describe the tensile stress–strain curve of brittle matrix composites, reinforced with
quasi-unidirectional fibres characterised by a volume fraction greater than the critical one. The response
(see Figure 14) is described by means of a three stages curve: pre-cracking zone (Stage I), multiple
cracking zone (Stage II) and post-cracking zone (Stage III). The basic assumptions of this model are:

• The fibres are considered capable of carrying loads only along their longitudinal axis.
• The matrix–fibre bond is assumed to be weak.
• Once the matrix and the fibres debond, a pure frictional shear stress τ0 is considered. This shear

stress is assumed constant along the debonded interface.
• Poisson effects (transverse contraction) of both the fibres and the matrix are neglected.
• Global load sharing is used for fibres.
• In a section orthogonal to the applied load, matrix normal stresses are considered uniform.

Figure 14. Typical stages of the tensile response in the ACK and Stochastic cracking models and
illustrative cracking patterns.

The first branch of the response is linear elastic and the bond between the matrix and the fibres
is assumed to be perfect. In this stage, the stiffness of the composite Ec,I is function of the fibres and
the matrix volume fractions (Vf, Vm) and their stiffness (Ef, Em) and it is computed by means of the
well-known rule of mixtures, via the following equation:

Ec,I= EmVm+E f Vf . (6)
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The two volume fractions can be decreased by means of fibres and matrix efficiency factors (ηf, ηm)
connected to imperfect matrix–fibre adhesion, warping or misalignment of the unidirectional fibres
and eventual presence of inclusions or air voids in the matrix [24]. The modification of the ACK theory
is described as follows:

Ec,I= EmV∗
m+E f V∗

f (7)

V∗
f = V f ·η f (8)

V∗
m= Vm·ηm . (9)

According to the ACK model, the matrix has a deterministic tensile failure stress σmu. When this
value is reached, the composite shows multiple cracking (Stage II). The composite multiple cracking
stress σmc is computed as:

σmc =
Ec1·σmu

Em
. (10)

When the first crack appears, matrix and fibres debond and the pure constant frictional shear
stress is considered, τ0 provides the stress transfer between fibres and matrix. From the equilibrium in
the longitudinal direction, it is possible to obtain the transmission length δ0, equal to the distance from
a crack face at which the matrix reaches again the stress σmu:

δ0 =
Vm r σmu

Vf 2 τ0
. (11)

where r is the equivalent fibres radius. Since, according to the ACK theory, the matrix has a unique
tensile failure stress, multiple parallel cracks are simultaneously introduced in the specimen, until
saturation is reached. In Stage II, the internal stress leads to a final state where the distance among
cracks is between δ0 and 2δ0 (with an average value equal to X = 1.337·δ0 [25]).

In Stage III, when the multi-cracking phenomenon is over, only fibres contribute to the stiffness of
the composite:

Ec,I I I= E f ·V∗
f . (12)

An extension of the original ACK theory to E-glass fibre reinforced cementitious composites was
proposed by Cuypers and Wastiels under the name of stochastic cracking model [17]. They considered
the stochastic nature of the tensile strength of the matrix, through the use of a two-parameter Weibull
distribution function [26] and they assumed the same distribution for the crack spacing. Because of the
non-deterministic nature of the matrix cracking stress, it is necessary to underline the difference between
the mean saturated crack distance at the end of Stage II (X) and the mean actual crack spacing (x).
While the X value can be evaluated experimentally, observing the crack pattern at the end of a tensile
test, both the values of the transmission length δ0 and the actual crack distance x are functions of the
applied stress. Depending on the value of the stress σc applied to the composite, x may be smaller than,
equal to or larger than 2δ0. In particular, x tends to X according to the following formula:

x = X
{

1 − exp
[
−
(

σc

σRc

)m]}−1

, (13)

where σRc is the reference average cracking composite stress, computed according to Equation (10).
The stress σmu is taken as the average tensile strength fctm of Table 3 and m is the width of the strength
distribution (respectively, the first and the second parameter of the Weibull function, see Table 3).
The analytical stress–strain curve of the composite (see Figure 14) is described by means of the following
non-linear functions:

εc =

⎧⎪⎨
⎪⎩

σc
Ec1

(
1+ β· δ∗

x

)
, x ≥ 2δ0

σc

(
1

Ef V∗
f
− β· x

4δ∗· Ec1

)
, x < 2δ0

(14)
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with
β =

EmV∗
m

Ef V∗
f

, (15)

and where δ* is evaluated according to Equation (11), with the evolving matrix stress in place of σmu.

5.2. Implementation of the Stochastic Cracking Model

To apply the stochastic cracking model to the set of TRC composites and compare the obtained
analytical responses with the experimental results along the warp direction, some assumptions
regarding the base materials and the efficiency of the composites were made.

As regards the failure strength fctm of the two matrices, different approaches were considered,
following the observations of Section 2.1: (i) average values of the fct tensile strengths, computed
with Equation (1); (ii) average tensile strengths empirically derived, according to the MC2010, from
the average compressive strengths; and (iii) data provided by the premixed mortar manufacturer
(the obtained values are collected in Table 9).

Table 9. Average matrix failure strengths fctm.

Approach Matrix M1 Matrix M2

(i) from bending tests 6.31 MPa 3.10 MPa
(ii) from compressive tests 4.59 MPa 3.46 MPa

(iii) manufacturer data n.a. 4.47 MPa

Analyses “A” (see Section 5.3) considered the average strengths calculated from the three-point
bending flexural strengths (fctm = 6.31 MPa for M1 and fctm = 3.10 MPa for M2), while Analyses “B”
instead assumed fctm = 4.59 MPa for M1 and fctm = 4.47 MPa for M2; the former value is the one
obtained from the average compressive strength, while the latter is the one provided by the thixotropic
mortar manufacturer. Regarding M2, the selection of the highest tensile strength was consistent with
a greater compaction of the mortar (as resulting in the composites, produced by means of a hand
lay-up technique) and the stabilising effect offered by polyacrylonitrile-based microfibres originally
introduced in the pre-mixed powder to minimise shrinkage effects.

For both analyses, the matrix elastic modulus Em and the Weibull shape coefficient m were
assumed equal to 42.9 GPa and 11.58 for the M1-based composites and 28.0 GPa and 7.15 for the
M2-based ones, respectively (please note that the m Weibull parameter associated to the tensile
strength distribution was hence assumed equal to the experimental flexural one). The efficiency of
the cement-based matrix, as defined in the original theory, was set at ηm = 1. Regarding the textiles,
an elastic modulus Ef of 70 GPa was assumed, as suggested by the glass filaments manufacturer.
The fabric volume fraction Vf was calculated as the ratio between Af (Table 5) and the average cross
section of the samples belonging to each set (see Table 7), while Vm was equal to 1-Vf. The reinforcement
efficiency ηf was taken equal to EFf, where EFf is the fabric efficiency factor introduced in Section 2.2
(see Equation (2) and Table 4). This latter assumption followed the hypothesis that the filaments that
effectively contribute to the resisting mechanism (Af

* = Af ·EFf) work in parallel and each of them is
capable of reaching the maximum tensile material strength (σfu = 2000 MPa).

The hypothesis seems to be confirmed by Figure 15, showing a reworking of the plain fabric
tensile responses of Figure 4 carried out by calculating the nominal fabric stress σf

* as the ratio between
the load Pf and the effective fabric area Af

*. As one should note, the scatter of the seven average curves
in terms of stiffness was limited, proving that a fabric efficiency factor merely estimated on the failure
loads (see Equation (2)) may be sufficiently representative of the global textile behaviour.

The value of the average saturated crack spacing X was obtained experimentally, dividing the
LVDT gauge length (the nominal value of 200 mm was assumed) by the number of cracks detected at
the end of each tensile test (see Figure 10).
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(a) (b) 

Figure 15. Fabric average tensile responses in terms of fabric stress on effective filaments σf
* vs.

normalised displacement in the warp directions (a) and in the weft directions (b).

It is worth noticing that this simplified analysis could not simulate any of the contributions
provided by dispersed short fibres, since the matrix was treated as an elasto-brittle material, with
null post-cracking behaviour. Moreover, it is important to underline that the theoretical response was
always trilinear-hardening, since volume fractions greater than the critical one were assumed a priori
and fabric end-slippage phenomena—as the one occurring in the F3-M1 response of Figure 7a—could
not be captured. Hence, in its present configuration, the algorithm cannot be regarded as sufficiently
robust to represent a comprehensive predictive tool and, for this reason, its application in this research
was limited to the assessment of ex-post modelling capabilities.

5.3. Assessment of Analytical Modelling Capabilities

The results obtained by applying the stochastic cracking model to the investigated sets of TRC
systems are displayed in the following, with reference to M1- and M2-based composites reinforced
with Fabrics F1 (Figure 16), F2 (Figure 17), F4 (Figure 18), F6 (Figure 19) and F7 (Figure 20). Average
sample dimensions were considered and the analytical responses were cut at the maximum average
stress value σTRC,max (see Table 7). The analytical curves were compared with the experimental results
in terms of composite stress σTRC vs. strain ε. Experimental strains were evaluated from the LVDT
outputs, as the ratio between the average crack opening displacement COD and the measured gauge
lengths GL. Please note that each curve in the figures is broken to the loss of the first transducer.

  
(a) (b) 

Figure 16. Comparison between the predicted analytical curves and the experimental responses in terms
of nominal stress vs. strain for M1-based (a) and M2-based (b) composites reinforced with Fabric F1.
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(a) (b) 

Figure 17. Comparison between the predicted analytical curves and the experimental responses in
terms of nominal stress vs. strain for M1-based (a) and M2-based (b) composites reinforced with
Fabric F2.

  
(a) (b) 

Figure 18. Comparison between the predicted analytical curves and the experimental responses in
terms of nominal stress vs. strain for M1-based (a) and M2-based (b) composites reinforced with
Fabric F4.

  
(a) (b) 

Figure 19. Comparison between the predicted analytical curves and the experimental responses in
terms of nominal stress vs. strain for M1-based (a) and M2-based (b) composites reinforced with
Fabric F6.
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(a) (b) 

Figure 20. Comparison between the predicted analytical curves and the experimental responses in terms
of nominal stress vs. strain for M1-based (a) and M2-based (b) composites reinforced with Fabric F7.

From the comparison, it was possible to notice that the analytical curves seem to properly fit the
experimental results in almost any of the investigated TRCs. It was observed that:

• The stochastic model should fit the sequence of cracking stress values in the stable propagation
phase. In all the cases investigated, the choice of a different tensile strength (type “B” analysis in
place of type “A”) allowed containing estimation errors. Moreover, it could be concluded that: (i)
the two-parameter Weibull distribution function worked adequately; (ii) the m parameter, despite
being obtained from flexural results, satisfactorily simulated the slope of direct tension curves;
(iii) as expected, the effect of dispersed microfibers was not captured; and (iv) differences between
the analytical and the experimental cracking stresses may be connected to mixed tensile-bending
stress fields (unbalanced shrinkage could lead to a loss of planarity of the specimen).

• The transition point between the second and the third branch was satisfactorily caught by the
analytical simulations. The ability of a simplified model to fit this response range was really
important, bearing in mind that one of the main advantages of TRC—as an example in the case
of retrofitting applications—is its energy dissipation capacity (Section 4.3). In these preliminary
analyses, the use of mean saturated crack distances X obtained from experimental observation
seemed an adequate compromise solution and again confirmed that the Weibull function can
effectively describe discrete distributions of cracks. Future alternatives for the assessment of the
X value might be based on the experimental evaluation of the frictional shear stress by means of
pull-out tests and the use of refined approaches, such as the car parking problem solution.

• The hypothesis of evaluating the effective amount of AR-glass reinforcement multiplying the fibres
volume fraction Vf by the fabric efficiency factor EFf appeared to properly fit the third-branch
slopes in almost all cases, with the only exception being F7-based composites. This was probably
associated to the fabric–matrix interaction during the tensile loading: as confirmed by the
experimental evidences graphically reconstructed in Figure 21b, during the loading phase
along the warp direction, Fabric F7 exhibited a marked transverse deformation correlated to the
“Poisson” effect in woven fabrics [27]. This deformability seemed to be negligible in the other
cases, e.g., Fabric F2 (see Figure 22). In the composite system, the embedding matrix acted as
a restraint to this transverse deformation, stiffening the third branch composite response with
respect to the plain fabric behaviour. In Figure 21a, this effect is highlighted by the comparison
between the composite and the fabric experimental curves. According to the literature, it can be
stated that the “Poisson” effect is more significant in the case of unbalanced warp/weft fabrics [27],
in terms of both equivalent diameter ratio and pick distances of the yarns; nevertheless, greater
role is attributed to the warp crimp, found to have almost a linear correlation with the fabric
transverse deformation [28]. Within the group of fabrics investigated in this work, F7 was clearly
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the more affected, due to the higher AR-glass grammage and the significant yarn diameter in the
warp direction (this effect is greater also with respect to Fabric F6 where, even though the warp
grammage is identical, the crimp is lower due to the smaller spacing of warp yarns).

 
 

(a) (b) 

Figure 21. Comparison between F7-M1 composite and F7 fabric tensile responses (a); and explanation
of the stiffening effect provided by the prevented transverse contraction of Fabric F7 (b).

 
 

(a) (b) 

Figure 22. Comparison between F2-M1 composite and F2 fabric tensile responses (a); and negligible
transverse contraction of Fabric F2 (b).

In view of the latter remarks, the stochastic model was again applied to the F7-based composites,
adopting ηf = EFf only in the evaluation of the peak analytical stress, but imposing ηf = 1 in Equation (8) (in
this sense, all filaments contributed to the resisting mechanism and Ec,III was assumed equal to the elastic
modulus Ef of the AR-glass filaments). This solution, in which all filaments (Af) worked as parallel springs
with Ef = 70 GPa, represents an upper bound of the experimental results in terms of third branch slope, as
shown in Figure 23.
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(a) (b) 

Figure 23. Effect of fabric efficiency on the predicted analytical response and comparison with the
experimental data in terms of nominal stress vs. strain for M1-based (a) and M2-based (b) composites
reinforced with F7 fabric.

6. Conclusions and Future Developments

The extensive experimental campaign presented in this work allowed better understanding the
involved phenomena and the effect of individual components (matrix, textile and short fibres) on the
tensile behaviour of TRC composites. In this sense, the use of the efficiency and the ductility/energy
absorption parameters introduced in this work represent a systematic approach for the comparison of
alternative TRC configurations and for the assessment of synergic contributions. From the interpretation
of the experimental results, it can be concluded that:

• The coating nature and the fabric weaving had a significant influence on the global capacity of
the composites, mainly in terms of global efficiency; both the reduction of the filaments that
effectively participated in the mechanical response and the variation in the bond–slip behaviour
at the fabric/matrix interface played a significant role.

• In general, the addition of short fibres was reflected in an increase of the mechanical capacities
and a better behaviour in terms of durability. This effect seemed to be less visible in the case of
narrow-spaced textiles, or when the matrix choice entailed a reduced fibre pull-out strength.

• The differences between matrices designed for different applications (new constructions vs.
retrofitting) should be considered not only in terms of first cracking strength and initial elastic stiffness,
but also in view of better understanding the global response of TRC composites. In particular,
the internal slippage of the fabric—favoured by the use of less compact matrices—may significantly
reduce the stiffness of the third branch of the curve, affecting the ultimate capacity of the composite.

• To obtain efficient tensile responses also when heavy-duty textiles are adopted, it might be
necessary to slightly increase the thickness of the specimens, better controlling the internal
slippage between the fabric and the surrounding matrix.

Cost-effective solutions were obtained by carefully combining the different components, in view
of minimising the waste of material while improving the overall mechanical capacity. In this sense,
the aims of the optimisation process were the maximisation of the efficiency (both the EFTRC and the
EFTRC,f) and of the energy absorption capacity.

The application of the stochastic cracking model showed that it was possible to simulate the
experimental tensile curves with a good correlation, starting from assumptions directly derived from
standard tests results (Section 5.3). The fabric efficiency factor EFf appeared to be directly related to
the slope of the third branch in the stress–strain composite behaviour on condition that the transverse
deformation of the fabric was limited. In the attempt to provide a predictive capacity to the model,
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it might be necessary: (i) to implement the effect of added fibres, so as to capture the second stage stress
increase and the correct extent of the multi-cracking zone (this last directly correlated to the variation of
the cracking pattern development due to fibres addition); (ii) to investigate the non-linear nature of the
bond–slip behaviour between the fabric and the matrix by means of pull-out tests, even if this might
overcomplicate the model; (iii) to better evaluate the cracking tensile stress of the employed matrix,
for instance by means of direct tensile tests on more representative specimens (e.g., with the same
nominal dimensions and the same mortar compaction of the TRC composites); and (iv) to develop
a method to assess the fabric elastic behaviour, when transversely restrained by the mortar (furtherly
investigating the effects of crimp, yarns diameter and grid spacing on the fabric “Poisson” effect).
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Abstract: The paper at hand focuses on the tensile behavior of ductile cementitious composites
reinforced with short, randomly distributed, polymer fibers and a continuous carbon textile
under quasi-static and impact loading. Strain-hardening cement-based composites (SHCCs)
made of high strength fine-grained matrix with the addition of a 2% volume fraction
of 6 mm-long ultra-high molecular weight polyethylene (UHMWPE) fibers and as-spun
poly(p-phenylene-2,6-benzobisoxazole) (PBO-AS) fibers, respectively, were reinforced with one
layer of carbon textile, which corresponds to a 0.68% volume fraction. The same fine-grained matrix
reinforced with carbon textile only served as the reference material. The synergetic action of the two
reinforcement types was investigated in uniaxial tension tests on composite specimens, as well as by
means of single-yarn pullout tests at displacement rates of 0.05 mm/s in a hydraulic testing machine,
and 8 m/s in a tensile split Hopkinson bar. The specimen’s deformations, the formation of cracks,
and the fracture processes were monitored optically and subsequently evaluated using digital image
correlation (DIC).

Keywords: strain-hardening cement-based composites; textile reinforcement; short-fiber
reinforcement; hybrid reinforcement; tension; impact loading; single-yarn pullout

1. Introduction

Textile reinforced concrete (TRC) describes high-performance, cementitious composites containing
two or three-dimensional fabrics made of carbon or alkali-resistant glass [1–3]. Their quasi-static tensile
behavior is marked by an extensive strain-hardening phase, during which multiple controlled cracking
develops in the fine-grained concrete matrix. TRC’s high tensile ductility, strength, and stiffness enable
their applications as thin retrofit layers on damaged structures and for strengthening existing structures
that may deal with highly dynamic loading scenarios. However, the relatively coarse mesh size of
the textile reinforcement does not allow for a sufficient in-plane and out-of-plane confinement of the
surrounding mortar under high-speed loading, which can lead to a pronounced spalling/scabbing of
the cementitious cover and a considerable degradation of the functionality of the strengthening layer.
To eliminate this drawback, one can reinforce the cementitious matrix additionally, with short fibers.
In particular, the use of ductile fiber-reinforced composites as matrix material promises to be highly
instrumental for this purpose.

Strain-hardening cement-based composites (SHCCs) consist of fine-grained cementitious matrices
and short, randomly distributed micro-fibers in volume fractions of up to 2%. They provide a suitable
solution in respect to the desired increase in impact resistance of the strengthening layers, since SHCCs
are characterized by a high inelastic deformability as a result of the successive formation of multiple,
fine cracks under increasing tensile loading [4–6]. Their deformation behavior is expected to be well
compatible with that of the textile reinforcement. In strengthening and retrofitting applications against
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dynamic loading scenarios, such as impact or blast, the textile reinforcement should offer a secure
confinement of the strengthened reinforced concrete core (substrate) and ensure a favorable stress
distribution, while the ductile SHCC’s matrix should yield a better crack control, along with higher
energy dissipation and damage tolerance.

The typical load-displacement behavior of carbon textile and textile reinforced cementitious
composites is shown in Figure 1. The deformation span in which multiple cracking occurs is generally
considerably smaller than the elongation at which the textile yarns fail. The addition of short fibers
can enhance the overall composite response by increasing matrix cracking stress and possibly the
tensile strength of the composite also [7–9]. Furthermore, an extension of the cracking deformation
span is expected, maybe even to yarn failure with better stress distribution and crack control [10].
For fully exploiting the positive synergy of the short and continuous fiber reinforcements, appropriate
material design principles must be followed. Silva et al. [11] and Barhum et al. [12] reported a
decrease in composite strain capacity due to the restriction of crack opening by the short glass fibers,
while Hinzen et al. [7] found that the strain capacity of the composite can be increased by adding a
combination of short glass and Aramid fibers.

Figure 1. Schematic presentation of tensile load-deformation behavior of textile reinforcement, textile
reinforced concrete, and hybrid reinforced composite.

For impact tensile loading, the strain rate’s effect on the tensile behavior of hybrid reinforced
composite largely depends on the material composition [11,13], which can be attributed to three
mechanisms; namely, the strain rate’s effects on (1) the cracking behavior of plain matrix; (2) the
performance of fiber reinforcement, thus continuous carbon yarns and short polymer fibers; and (3) the
interfacial characteristics of fiber reinforcement with the surrounding matrix [14–17]. The increasing
loading rates influence, not only the tensile strength of the matrix, but the crack bridging behavior of
continuous short fibers. Shim et al. [18] observed an increase in the tensile strength and modulus of
Aramid textile under impact tensile tests, but a decrease in the failure strain. Zhu et al. [19] found that
both the tensile strength and strain capacity increased under higher loading rate in the case of Kevlar
49 single yarns. The bonding properties between the continuous carbon yarn and the surrounding
matrix depend not only on the loading rate, but on the type of cementitious matrix and the presence of
short fibers. Yang and Li [20] and Ranade et al. [17] emphasized the rate sensitivities of the chemical
bond properties of short fibers, and the corresponding negative effect on the strain capacity of an SHCC
at higher strain rates. Curosu et al. [21] found that the increasing strain rate leads to an increase in both
the tensile strength and stiffness of short ultra-high molecular weight polyethylene (UHMWPE) fibers
but a decrease in their elongation at failure. Furthermore, a pronounced increase in the frictional bond
between short polymer fibers and matrix was observed at higher displacement rates [22].
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The results reported in the paper at hand are part of a more extensive study, in which material
design concepts for hybrid fiber-reinforced composites are developed based on multi-scale experimental
and analytical investigations at low and high loading rates. In this paper, only the influence of loading
rate on the composite tensile behavior was analyzed, focusing on the effect of short-fiber reinforcement
and short-fiber type. The reference materials in the current work are two types of strain-hardening
cementitious composites, reinforced with ultra-high molecular weight polyethylene (UHMWPE)
and as-spun poly(p-phenylene-2,6-benzobisoxazole) (PBO-AS) fibers, respectively [22,23]. Given the
different crack-bridging properties of the reinforcing fibers, these two SHCCs yield different pre-peak
strain capacities, which is interesting concerning the cracking behavior and deformation compatibility
short fiber-reinforced matrix with the carbon textile. Both types of SHCC, as well as their constitutive
cementitious matrix, were reinforced with one layer of carbon textile with a longitudinal reinforcing
ratio of 0.68%. Besides the experiments at the composite level, single-yarn pullout tests from plain
and fiber-reinforced matrices were performed with the same materials. The composite and pullout
specimens were tested by means of a universal testing machine at a displacement rate of 0.05 mm/s
and in a gravitational split-Hopkinson tension bar at displacement rates of up to 8 m/s. Besides the
quantitative evaluation of the material tensile behavior in terms of stress–strain curves, the digital
image correlation (DIC) facilitated a detailed description of the cracking processes under loading and a
better interpretation of the material response measured.

2. Materials under Investigation

2.1. Cementitious Matrix

The fine-grained cementitious matrix was specifically designed for high-strength SHCC, being
made with short UHMWPE fibers (hereafter called PE in this paper) produced by DSM, the Netherlands,
under the brand name Dyneema®. This SHCC was previously investigated by the authors under
quasi-static and impact tensile loading, in combination with Aramid and PBO fibers [22,23]. The matrix
has a high content of cement, and has silica fume as the additional binder; see Table 1.

Table 1. Mixture composition of the high-strength, fine-grained cementitious matrix.

Components kg/m3

CEM I 52.5R-SR3/NA 1460
Silica fume 292
Quartz sand 0.06-0.2 mm 145
Superplasticizer 45
Water 315

The low water-to-binder ratio of 0.18 contributes to the high strength and density of the matrix,
which was necessary for ensuring the proper anchorage of the hydrophobic PE micro-fibers. Only a
small portion of very fine sand was used, with the maximum aggregate size of 0.2 mm, since the nature
and geometry of the polymer micro-fibers and the necessity for a uniform fiber distribution in the
matrix imposed limitations regarding the content and size of aggregates. Furthermore, this choice
was dictated by the micromechanical conditions for tensile strain-hardening and multiple cracking in
SHCC, which required a low fracture toughness of the matrix [24].

2.2. Short Micro-Fibers

Two types of short micro-fibers were investigated in this research, including the PE fibers and
as-spun poly (p-phenylene-2,6-benzobisoxazole) (PBO-AS) fibers. The fibers possess high tensile
strength and high moduli of elasticity. Table 2 presents their physical, geometrical, and mechanical
properties. The short polymer fibers had a length of 6 mm and nominal diameters were 20 μm for
PE and 13 μm for PBO-AS, respectively. The choice of relatively small length of fibers was based on

49



Appl. Sci. 2019, 9, 4048

the consideration of fresh SHCC workability and the dimensions of the textile mesh, as presented in
the next section. Comparing them to the highly hydrophobic nature of PE fibers, PBO fibers exhibit a
weak hydrophilic behavior and a subsequently higher bonding strength with the surrounding matrix.
These two types of fibers present different levels of tensile strength, elasticity moduli, and bonding
properties, which contribute to a better comparison of composite behaviors based on the additions of
different short fibers.

Table 2. Properties of polymer fibers as provided by the producers [25,26].

Fiber Type UHMWPE PBO-AS

Producer DSM Toyobo
Brand Dyneema® Zylon®

Nominal diameter [μm] 20 13
Length [mm] 6 6
Density [kg/m3] 970 1540
Tensile strength [MPa] 2500 5800
Modulus of elasticity [GPa] 80 180
Elongation at break [%] 3.5 3.5

2.3. Carbon Textile Reinforcement

TUDALIT-BZT2 produced by V.FRAAS, Germany, was used as textile reinforcement. The spacings
between warp yarns (parallel to loading direction) and weft yarns were 12.7 mm and 16.0 mm,
respectively; see Figure 2. Knitted filaments connected the warp and weft yarns to form a stable
structure without a rigid connection. The physical and mechanical properties of the textile yarns are
given in Table 3.

Figure 2. Geometry of the textile reinforcement under investigation.

Table 3. Properties of carbon textile TUDALIT-BZT2-V.FRAAS [27].

Warp Yarn Weft Yarn

Average yarn count [tex] 3300 800
Effective yarn cross-section [mm2] 1.800 0.451
Average tensile strength [MPa] 1700 1700
Average modulus of elasticity [GPa] 170 152

In the current paper, the combination between TUDALIT-BZT2-V.FRAAS textile and the
high-strength matrix presented in Section 2.1, but without short fiber, will be named TRC-M.
This composite was additionally tested in order to better understand the role of short fiber reinforcement
in the case of hybrid reinforcement. The combinations of textile and two SHCC compositions will be
named TRC-PE and TRC-PBO, respectively.
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3. Experimental Program

3.1. Specimens

Plates with dimensions of 260 mm × 90 mm × 20 mm were cast in a specially fabricated mold,
which enabled us to fix the position of the textile in the middle of the plate’s thickness, as shown in
Figure 3a. The plates were produced using the lamination technique. The first layer of plain matrix or
SHCC was cast in the mold before the placement of textile reinforcement. Subsequently, the textile
mesh was gently pressed into the matrix/SHCC so that the latter could penetrate through the textile
mesh. The ends of the textile yarns were clamped by the mold to ensure a fixed position in the middle.
The second layer of the matrix was then cast on top, followed by leveling and smoothening. Note that
under consideration of the typical anchorage issues related to carbon textiles, the ends of the textile
yarns were protruding outside of the mold in order to enable their stronger anchorage by gluing them
at the specimens’ ends in the adapters; see Figure 3a. The specimens were demolded at the age of
24 hours, sealed in plastic sheets and subsequently cured for 27 days in a climatic chamber with a
constant temperature of 20 ◦C and relative humidity of 65%.

 

 
(a) (b) 

20
 m

m
 

12.7 mm 

Figure 3. Specimen production for tension tests: (a) plate after demolding; (b) final specimen dimensions
and fixities.

Prior to testing, the plates were cut into smaller specimens with dimensions of
90 mm × 40 mm × 20 mm, containing three warp yarns in the loading, i.e., longitudinal direction.
The length of the middle gauge was 50 mm, and it covered four weft yarns. All specimens were reinforced
with only one layer of textile, hence a longitudinal reinforcement ratio of 0.68% calculated based on the
effective cross-sectional area of 1.8 mm2 for one warp yarn. It should be noted that usually the TRC tensile
specimens have a relatively large length in order to ensure a proper textile anchorage at the specimen
ends and attain yarn rupture instead of yarn pullout. However, in dynamic tension experiments, such
as in the split Hopkinson bars, the length of the specimens is limited by the condition of dynamic
stress equilibrium. For this reason, a length of 90 mm was adopted for the composite specimens in this
investigation. To avoid premature yarn pullout after the initial cracking, the longitudinal textile yarns
had protruding ends at both ends of the specimens, which were bent over the specimens’ ends and
glued within the adapters by bi-component epoxy resin; see Figure 3b. The adapters were made of steel
for quasi-static tension tests and aluminum for impact tension tests. In the last step, the middle, gauge
portions of the specimens were sprayed to create a random black and white pattern needed for digital
image correlation (DIC). All the tests were performed on the 28th day after casting.
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As for single-yarn pullout tests, the initial plates were cut into smaller specimens, as shown in
Figure 4. The 30 mm-long specimens contained two transversal weft yarns and one longitudinal warp
yarn. The 30 mm-long protruding ends of the warp yarns were glued inside aluminum cylinders with
a bi-component epoxy resin. Identical specimens were tested quasi-statically and dynamically.

(a) (b) 

90 mm 30 mm 

30 mm yarn 

30 mm matrix 

30
 m

m
 

30
 m

m
 

Aluminum 
cylinder 

Figure 4. Specimen production for single-yarn pullout tests: (a) cutting configuration; (b) final specimen
dimensions and fixities.

3.2. Setups for Quasi-Static Tension and Single-Yarn Pullout Tests

The specimens were first glued to steel adapters and subsequently clamped rigidly in the machine
with the help of steel rods; see Figure 5a. The quasi-static uniaxial tension tests were performed
in an Instron 8501 hydraulic testing machine under a controlled displacement rate of 0.05 mm/s.
The deformations of the gauge portion were measured by two linear variable differential transducers
(LVDTs) connected to the adapters on both sides of the specimens. Additionally, the deformations,
formation of cracks, and fracture processes were monitored optically, and subsequently evaluated
using digital image correlation (DIC). Images with a resolution of 3456 × 5184 pixels were taken with
a Canon E05 700D camera at intervals of 5 seconds. The DIC evaluation was performed using the
Aramis software by GOM GmbH.

 
(a) 

 
(b) 

Figure 5. Test setups for: (a) quasi-static tension tests and (b) quasi-static single-yarn pullout tests.

52



Appl. Sci. 2019, 9, 4048

The quasi-static single-yarn pullout tests were performed in a Zwick Roell 1445 testing machine
at a displacement rate of 0.05 mm/s. The specimens were glued at their ends inside two aluminum
rings, which were fixed in the machine, as shown in Figure 5b. LVDTs were fixed at both sides of the
rings to capture the slip of yarns.

3.3. Setups for the Impact Tension Test and Single-Yarn Pullout Test

As shown in Figure 6, a gravitational split Hopkinson tension bar (SHTB) was used for both
impact tension tests and single-yarn pullout tests [28]. The peak displacement rate in the tests was
8 m/s, which was reached by dropping a 30 kg striker from a height of 1 m. Both the input and output
bars were made of brass in the case of impact tension tests and were aluminum for single-yarn pullout
tests. The reason for these choices was to match the impedance of bars with adapters used in the two
types of test to minimize the wave distortion by adapters.

                                  

Transmitter bar 

Input bar 

Specimen 

Transmitter bar 

Epoxy resin 

30 mm matrix 

Aluminum cylinder 

Input bar 

Carbon yarn 

Figure 6. Testing configuration of the gravitational split Hopkinson tension bar (SHTB) for impact
tension and single-yarn pullout test.

In the impact tension experiments, the dimensions of the specimens are imposed by the requirement
of uniform stress along the sample; i.e., dynamic stress equilibrium. In this study, the length of the
specimens was adopted based on preliminary tests on 50 mm-long SHCC specimens of cylindrical
geometry, which were directly glued to the input and transmitter bars. However, the composites
reinforced with fabric impose a plate-like geometry. The rectangular cross-section had a width larger
than the diameter of the input and output bars, making necessary the usage of adapters between
specimen and bars. The shape of the adapters was designed to target the reduction of any adverse
effects on wave propagation due to impedance mismatch. After a series of calibration tests, it was found
that the transmitted wave represents, reliably, the stress history in the sample. Therefore, the reaction
forces were calculated based on the waves measured on the transmitter bar using three strain gauges
glued axis-symmetrically around the bar. To ensure a higher accuracy of the results, the deformation of
the samples was measured by an optical extensometer. A high-speed stereo camera system was used
to monitor the crack formation in the loaded samples with a sampling rate of 50,000 frames per second.

In the single-yarn pullout tests, the pullout force was calculated based on the measurements
on the transmitter bar. The slip was calculated based on the relative displacement of the two bars
according to one-dimensional wave analysis and optically with the help of DIC. An aluminum cylinder

53



Appl. Sci. 2019, 9, 4048

was used to connect the carbon yarn with the aluminum input bar to ensure identical impedance with
the bar. In this way, the speed at the endpoint of the input bar could be regarded as the real pullout
speed of the carbon yarn. SIRIUS®HS-STG+ systems produced by DEWEsoft®were used for data
acquisition with a sampling rate of 1 million per second, and a filter of 40 kHz was adopted to reduce
the electrical noise while avoiding possible phase shift in the signal.

4. Results and Discussion

4.1. Results of Quasi-Static Tests

4.1.1. Uniaxial Tension Tests on Plate-Like Composite Specimens

The small specimen length and the insufficient yarn anchorage resulted in undesirable failure
modes of the plate-like composite specimens. As mentioned in the previous sections, the carbon yarns
were longer than the specimens and the protruding ends were bent over the specimens’ edges and
glued between the specimens and the adapters. Due to the relatively weak bond strength between the
carbon yarns and the surrounding matrix, and because of the small specimen length, the failure of the
yarns occurred in the bent-over segments in the adapters. Such a failure was mostly facilitated by the
poor transversal properties of the carbon fibers and the resulting damage induced during bending.
Thus, in this configuration, the strength of the carbon textile reinforcement cannot be fully exploited
and the specimens fail under considerably lower loads compared to long specimens with a proper
textile anchorage [2,8,11]. Nevertheless, despite these limitations, the comparative study offers an
insight into the influence of the short fiber reinforcement on the composite behavior and addresses
further improvements in terms of composite design and testing configuration.

The uniaxial quasi-static tensile stress–strain curves are plotted in Figure 7. The comparison of
the representative curves indicates the contributions of SHCCs to the total response of the composite
in the yarn pullout stage.
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Figure 7. (a–c) Tensile stress–strain curves of the composites under quasi-static loading and
(d) representative stress–strain relationships for the composites under investigation.

54



Appl. Sci. 2019, 9, 4048

It should be noted that the specimens had already exhibited a few minor cracks prior to loading
due to the forced mechanical clamping, which makes it challenging to define the accurate value of
the first crack stress. However, the results of different materials are still comparable under the same
testing conditions. Hence the results of the first crack stress, peak tensile stress, ultimate global strain,
and the work-to-fracture of the tested specimens under uniaxial quasi-static tension tests are given in
Table 4. The tensile strength of the composites was obtained by dividing the peak load by the composite
cross-section. The global strains were calculated as specimen deformation over their gauge length; the
ultimate value (strain capacity) corresponds to the peak load. Note that the global strain is a measure
of the material deformability, and it is not associated with a uniform strain field in the specimens. It is
rather representative of the extent of multiple cracking in the samples before peak loading. The post-peak
behavior is associated with crack localization and widening accompanied by yarn pullout.

Table 4. Results of the uniaxial quasi-static tests on the investigated composites (average values;
standard deviations are given in parentheses).

First Crack Stress
[MPa]

Peak Tensile
Stress [MPa]

Ultimate Strain [%]
Work-to-Fracture
[kJ/m3]

TRC-M 3.4 (0.3) 3.4 (0.3) – –
TRC-PE 2.5 (0.5) 8.1 (0.2) 2.8 (0.4) 185.7 (31.3)
TRC-PBO 4.6 (1.1) 9.4 (0.2) 0.9 (0.2) 67.4 (12.1)

In the case of TRC-M without any discrete fiber reinforcement, the yarn failure and subsequent
pullout are accompanied by the widening of the localization crack with no multiple cracking, yielding
an average composite tensile strength of only 3.4 MPa, which is also the first crack stress; see Figure 7a.
On the contrary, the materials reinforced additionally with short micro-fibers, i.e., the ones with SHCC
matrix TRC-PE or TRC-PBO, exhibit strain-hardening behavior. The tensile stress increases after the
first crack accompanied by the formation of multiple cracks; see Figure 7b,c.

The relatively low first crack stress of TRC-PE (2.5 MPa) can be traced back to the relatively
high porosity of the matrix, as well as to the highly hydrophobic nature of short PE fibers. Due to
the purely frictional bond, the fibers are only activated after crack formation, while prior to that
they act as micro-defects [23], leading to even lower first crack stress than that measured for TRC-M
(3.4 MPa). The short PBO-AS fibers, in contrast, possess a weak hydrophilic character. The smaller
diameter results in higher aspect ratio and larger amount of fibers in the case of the same volume
fraction of 2%. The lower diameter, higher stiffness, and strength of the PBO-AS fibers, as well as their
adequate bonding to cementitious matrix ensures efficient confinement of the matrix already, prior
to cracking [23]. Furthermore, PBO-AS fibers enable better control of micro-cracks, hence enhancing
the first crack stress of the composite. In addition to their weak hydrophilicity, the high Young’s
modulus of PBO-AS fiber ensures narrow crack widths in TRC-PBO in comparison to those in TRC-PE.
This influences both the strain at peak stress and the work-to-fracture of the corresponding composites.
Work-to-fracture is the area under the stress–strain curves up to the peak load.

The potential of the material to develop multiple cracks and exhibit strain-hardening behavior
can be characterized by the strain-hardening modulus; i.e., the ratio of tensile strength to first crack
stress [17]. It can be observed that while TRC-PBO prevails in both first crack stress (4.6 MPa) and
tensile strength (9.4 MPa), TRC-PE exhibits a higher strain-hardening modulus, with a first crack stress
of 2.5 MPa and tensile strength of 8.1 MPa. Taking into consideration the strain capacity of 2.8% in
the case of TRC-PE and 0.9% for TRC-PBO, it is not surprising that the TRC-PE yields a considerably
higher work-to-fracture of 185.7 kJ/m3 when compared to 67.4 kJ/m3 in the case of TRC-PBO.

The ultimate strain capacity of the investigated composites is decided by both the average crack
width and the average crack spacing, which is defined as the ratio of gauge length to the average
number of cracks within the gauge length of the specimen. Figure 8 shows tensile stress–strain curves
and corresponding average crack widths for representative specimens of TRC-PE and TRC-PBO. Due
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to the 5 second interval between individual image recordings, only a limited number of photos were
taken during the tests. This explains the relatively low number of crack width measurement points in
the case of TRC-PBO, as shown in Figure 8b.
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Figure 8. Tensile stress–strain curve and corresponding average crack widths of a representative
specimen of both (a) TRC-PE and (b) TRC-PBO with corresponding composite stresses and crack
patterns under quasi-static loading.

56



Appl. Sci. 2019, 9, 4048

Despite both materials showing multiple cracking, the crack patterns are very different. At the
same strain level, TRC-PBO exhibits finer and denser cracks along the specimen. The average number
of cracks of TRC-PE and TRC-PBO at peak stress are 12 and 16, resulting in the average crack spacings
of 4 mm and 3 mm, respectively; see Table 5. Though TRC-PBO exhibits more cracks, the low average
crack width of 29 μm at peak load leads to an overall smaller strain capacity when compared to
TRC-PE, for which the average crack width is 88 μm. The relationships between crack density, crack
width, and applied stress have been investigated in order to achieve a better understanding of the
crack pattern [13,14,16,29]. It can be observed that, at a similar stress level, TRC-PBO shows better
crack control.

Table 5. Average crack width and spacing at the ultimate strain level for the representative specimens
subjected to uniaxial quasi-static tension tests (localization crack excluded).

TRC-M TRC-HDPE TRC-PBO

Average crack width at the ultimate strain level [μm] – 88 29
Average crack spacing at the ultimate strain level [mm] – 4 3

Note that SHCC specimens were also investigated without textile reinforcement. The reference
SHCC matrices show inferior mechanical properties compared to the hybrid fiber-reinforced composites
presented in this section. Thus, despite the undesirable failure mode of the textile yarns, their
contribution is still significant. At the material level, the proper composite tensile behavior of SHCC
and textile can be only highlighted with the help of large specimens loaded quasi-statically. This is,
however, the matter of a different study by the authors [10].

For a more comprehensive analysis of the textile contribution in the pre-peak and failure
localization phases presented above, single-yarn pullout tests were performed, using the same plain
matrix and SHCCs, both under quasi-static and impact loading. The results presented in the next
section demonstrate the effects of the addition of short polymer fibers on the anchorages of the carbon
yarns coated with styrene-butadiene.

4.1.2. Single-Yarn Pullout Tests

The force-slip curves of quasi-static single-yarn pullout from plain and SHCC matrices are plotted
in Figure 9. The slip of the carbon yarns was recorded by LVDTs attached directly to the specimens.
The force-slip curve can be divided into three stages, as shown in Figure 9d. According to the pullout
load-slip model presented in [30,31], stage I corresponds to the linear elastic stage, and is followed
by the gradual debonding stage II, which terminates at the end of the debonding process. Stage III
represents the pullout process influenced mainly by the yarn–matrix interfacial friction.

The relatively small embedment length of the yarns in combination with the weak affinity of both
the carbon filaments and the styrene-butadiene coating to the cementitious matrix led to a complete
pullout of the yarns. The peak forces for carbon yarn pulled out from plain matrix and PE-SHCC are
nearly identical, with average forces of 441 N and 440 N, respectively. In contrast, the addition of PBO
fibers led to a considerably higher bond strength, with an average peak pullout force of 530 N; see
Table 6. This could be traced back to the mitigation of shrinkage-induced micro-cracking as ensured
by PBO fibers [32]. However, a more detailed analytical investigation of the yarn-matrix interface
should bring more clarity to this phenomenon. Note that in previous studies, such as [12], the addition
of short alkali-resistant glass fibers and carbon fibers had a positive effect on the yarn-matrix bond
strength. It could be that the poor wettability of the PE fibers, as well as their lower stiffness could be
the reason for a lower bond strength in comparison to PBO-SHCC.
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Figure 9. Quasi-static force-slip relationships of single carbon yarns pulled out from: (a) plain matrix;
(b) PE-SHCC; (c) PBO-SHCC; and (d) representative force-slip relationships for different composites up
to a slip extent of 0.5 mm.

Table 6. Peak debonding forces in quasi-static pullout tests with three different matrices (average
values; standard deviations are given in parentheses).

Single-Yarn Pullout
from Plain Matrix

Single-Yarn Pullout
from PE-SHCC

Single-Yarn Pullout
from PBO-SHCC

Peak debonding force [N] 441 (34) 440 (53) 530 (94)

4.2. Results of the Impact Tension Tests

4.2.1. Dynamic Uniaxial Tension Tests

All three types of composites were tested under impact tensile loading with a peak displacement
rate of 8 m/s, corresponding to an average strain rate of 160 s-1; see dashed curves in Figure 10. The first
crack stress of the composites is defined here as the first peak of the stress–strain curve, also detected
with the help of DIC. The tensile strength is defined as the stress value at the peak of the ascending
branch of the curve, while the ultimate global strain corresponds to the strain value at the peak stress
prior to failure localization. The results of tensile strength, ultimate strain, and the work-to-fracture of
the tested specimens are given in Table 7. The dynamic increase factor (DIF) of each parameter was
calculated to demonstrate the rate effect on the tensile behavior of the composites.
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Figure 10. (a–c) Tensile stress–strain curves of the composites under impact loading (the global strain
rate curves are represented by dashed lines) and (d) representative stress–strain relationships for the
composites under investigation.

Table 7. Results of the uniaxial impact tension tests on the composites under investigation (average
values; standard deviations are given in parentheses).

First Crack Stress
[MPa]

Peak Tensile Stress
[MPa]

Ultimate Strain [%]
Work-to-Fracture
[kJ/m3]

TRC-M 8.6 (0.7) 4.5 (0.6) 0.3 (0.1) 14.7 (4.2)
DIF 2.5 1.3 – –
TRC-PE 10.6 (1.6) 13.0 (0.6) 1.2 (0.2) 122.4 (21.9)
DIF 4.2 1.6 0.4 0.7
TRC-PBO 13.9 (0.5) 16.0 (0.4) 0.9 (0.1) 122.2 (22.6)
DIF 3.0 1.7 1.0 1.8

It is noteworthy that all the composites exhibit multiple cracks under impact tensile loading.
TRC-PBO bears the highest average maximum tensile stress of 16 MPa, followed by TRC-PE, with an
average tensile strength of 13 MPa. Both the first crack stress and the tensile strength of the composites
are increased pronouncedly in comparison to the corresponding values measured in the quasi-static
regime. Despite the multiple cracking occurring in TRC-M, the material exhibited a strain-softening
behavior with a very short plateau immediately after the initial stress peak between 0.2% and 0.3%
strain. This plateau can be attributed to the pullout behavior of the textile yarns, as demonstrated in the
next section. Tensile stress–strain curves and corresponding average crack widths for representative
specimens of TRC-M, TRC-PE, and TRC-PBO are plotted in Figure 11. The crack formation and fracture
processes were captured by high-speed cameras and then evaluated with DIC. It can be observed
that micro-cracking already occurred before the formation of the first crack. The first peak of the
curve corresponds to the formation of the first macro-crack, which propagates through the entire
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specimen’s cross-section, leading to a large decrease of the composite stiffness. The momentary loss of
the load-carrying capacity is revealed by the drop in the stress–strain curves after the first peak, as
shown in Figure 10d. The strain-hardening behavior lasted until the composite with SHCC matrices
reached their tensile strength, and afterwards, no new cracks developed while only the localization
crack continued to open.

It can be observed that for all types of composites, the DIF of the first crack stress is considerably
higher than that of the tensile strength. The first crack of material occurs during the initial loading
stage associated with increasing displacement rates; i.e., acceleration. Due to this, the structural inertia
has a significant contribution to the apparent first crack stress; see also, [33]. The first crack occurrence
attenuates the effect of strain rates in the rate sensitive matrix considerably.

Average crack widths and crack spacings at critical strain levels of 0.1%, 0.3%, and 0.4% for
representative specimens subjected to uniaxial impact tension (except localization crack) are given in
Table 8, according to the nearest frame recorded. Though the average crack widths keep increasing,
along with the deformation for all three materials, TRC-PE and TRC-PBO possess superior crack
control behavior with a steady and moderate growth in average crack width.
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Figure 11. Tensile stress–strain curve and corresponding average crack widths of a representative
specimens of (a) TRC-M, (b) TRC-PE, and (c) TRC-PBO, with corresponding composite stresses and
crack patterns under impact loading.
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Table 8. Average crack width and crack spacing at the strain levels of 0.1%, 0.3%, and 0.4% for the
representative specimens subjected to uniaxial impact tension tests (localization crack excluded).

TRC-M TRC-PE TRC-PBO

Average crack width at 0.1% strain level [μm] 17 16 29
Average crack spacing at 0.1% strain level [mm] 25 17 25
Applied stress at 0.1% strain level [MPa] 5.8 8.2 14.1

Average crack width at 0.3% strain level [μm] 63 25 40
Average crack spacing at 0.3% strain level [mm] 17 10 13
Applied stress at 0.3% strain level [MPa] 3.8 8.2 12.6

Average crack width at 0.4% strain level [μm] 83 43 58
Average crack spacing at 0.4% strain level [mm] 13 10 13
Applied stress at 0.4% strain level [MPa] 3.4 9.2 14.4

Average crack width at the ultimate strain level [μm] 138 72 107
Average crack spacing at the ultimate strain level [mm] 13 7 13

Compared to the quasi-static tension tests, at the same strain level, the average crack width of
TRC-PBO is higher than that of TRC-PE, which is the smallest among the three composites. Furthermore,
the ultimate average crack spacing of TRC-PBO is larger. Even though TRC-PE still possesses a higher
ultimate strain capacity of 1.2% comparing to 0.9% of TRC-PBO, its corresponding DIF of 0.4 reveals a
pronounced loss in pre-peak strain capacity, leading to a slight decrease in the work-to-fracture; see
Table 7. TRC-PBO, on the contrary, maintained strain capacity at the same level as under quasi-static
loading, which led, along with the considerably higher tensile strength, to a significant increase in
work-to-fracture, with the DIF being 1.8. The average crack-width–strain curve of TRC-M exhibits a
considerably steeper slope after the formation of the first crack, indicating a more rapid degradation
in the composite stiffness, as there is no contribution by short fibers. However, the improvement in
the strain capacity (multiple cracking) indicates a better energy absorption behavior of this material
under impact loading in comparison to its performance under quasi-static loading. The reason behind
this improvement is the enhancement of the yarn-matrix bond under dynamic loading, which will be
discussed in the next section.

The stresses applied and the average crack width growth at the critical strain levels are plotted
in Figure 12. Taking into consideration both the load-carrying capacity and the average crack width
developed, TRC-PBO exhibits the highest stress levels and a favorable crack control behavior at each
strain level. When comparing to TRC-M, a sudden loss in composite stiffness is avoided, which means
that TRC-PBO is able to carry a higher impact load with a more steady development of cracks.

4.2.2. Dynamic Single-Yarn Pullout Tests

The dynamic pullout curves are plotted in Figure 13. They show the same pattern as those
obtained from the quasi-static tests. Note that the curves exhibit oscillations in the pullout stage, which
are due to the intrinsic digital noise of the strain gauges, significant for such low pullout forces. Similar
to the quasi-static tests, the peak bond strength between carbon yarn and the matrix with the addition
of short PBO fibers, is the highest among the three composites, with an average of 1455 N; see Table 9.
Note that the SHTB could ensure only a limited displacement during one wave passage, which was
2.5 mm.
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Figure 12. Average crack width and applied stress for representative specimens under impact
tensile loading.
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Figure 13. Dynamic force-slip relationships of single carbon yarns pulled out from: (a) plain matrix;
(b) PE-SHCC; (c) PBO-SHCC; and (d) representative force-slip relationships for different composites up
to a slip extent of 2.5 mm (the global strain rate curves are represented by dashed lines).
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Table 9. Peak debonding force obtained from high-speed pullout tests with three different matrices
(average values; standard deviations are given in parentheses).

Single-Yarn Pullout
from Plain Matrix

Single-Yarn Pullout
from PE-SHCC

Single-Yarn Pullout
from PBO-SHCC

Peak debonding force [N] 1355 (131) 1289 (22) 1455 (82)
DIF 3.1 2.9 2.7

It is obvious that the increasing displacement rate led to an increase in the peak pullout force with
a dynamic increase factor (DIF) of around three for all three parameter combinations. The increased
bonding between carbon yarn and matrix contributes to a higher tensile strength of the composites.
Moreover, taking into consideration the increased tensile strength of the uncracked regions under a
higher strain rate, higher stresses are needed to generate new cracks. In the previous section, it was
shown that the number of cracks in TRC-M increased in impact tests, but it decreased in TRC-PE
and TRC-PBO. In a future study, tension tests of single carbon yarn and short PE and PBO-AS fibers,
and the pullout tests of the above-mentioned short fibers, need to be performed in order to attain a
comprehensive understanding of the strain rate sensitivities of tensile properties and the bonding
properties of the reinforcements to various matrices. What is more, as presented in [34], the bond
strength could be enhanced by decreasing the spacing between weft yarns, upon the premise of a
sufficient mesh spacing for short fibers to penetrate, which indicates the approach to further improve
the bond properties of textiles by optimizing the mesh to an extent.

5. Conclusions

The tensile behavior of three composites reinforced by a carbon textile was investigated under
quasi-static and impact tensile loading. Two of them contained additional short polymer fibers (SHCC
matrices). The crack distributions were correlated to the strain of composites by means of digital image
correlation. In this study, due to specific specimen geometry, only composites with SHCC matrices
exhibited strain hardening behavior and multiple cracking in the quasi-static tension regime. Partly,
this is related to material properties, and partly to the testing configuration, which did not allow for a
sufficient anchorage of the textile reinforcement.

The dynamic loading leads to a pronounced increase in the tensile strength for all three materials,
but the effects on the strain capacity are different. For composites containing both carbon textile and
short PE fibers (TRC-PE), strain capacity decreases, accompanied by a smaller average crack width and
larger average crack spacing. The average crack spacing in the composite containing carbon textile
and short PBO fibers (TRC-PBO) is also considerably larger under impact tensile loading. However, in
combination with the wider openings of the cracks, an ultimate strain similar to that in the quasi-static
tests is obtained.

Additionally, the results of quasi-static and dynamic single-yarn pullout tests were presented.
The high loading rate leads to a considerable increase in the yarn-matrix bonding strength for all three
matrices under investigation. The bond is influenced by the type of short fiber reinforcement in the
SHCC matrices; the addition of PBO fibers results in the highest bonding strength with the carbon
yarn in both quasi-static and dynamic pullout tests.

Finally, it should be stressed that in the presented investigation, the premature rupturing of the
textile reinforcements due to the specifics of the setup used, was observed, followed by the yarn’s
pullout. This phenomenon surely had an effect on the behavior of the composites that was recorded.
This effect, which likely depends on the loading rate, needs further investigation. A corresponding
experimental program is being planned by the authors. New ideas for preventing premature textile
failure will be implemented. This program will involve other types of textile reinforcement as well,
such as one made of UHMWPE fiber.
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Featured Application: In conventional reinforced concrete structures, corrosion problems often

occur due to insufficient concrete cover in exposed structures. Corrosion can be avoided by using

carbon textiles as reinforcement. However, the long-term durability behavior of non-metallic

reinforcement, e.g., made of carbon filaments and a polymer impregnation, must be considered.

This work presents first results and the current state of long-term durability investigations of an

epoxy resin impregnated carbon textile.

Abstract: Despite intensive research on material properties of non-metallic technical textiles for
internal reinforcement in concrete, the long-term durability is not yet fully understood. In this
work, results of preloaded long-term durability tensile tests on carbon-reinforced concrete specimens
under environmental factors of stress, temperature, moisture and alkalinity are presented. Based
on investigations of non-metallic glass fiber reinforcements with polymer matrices, where strength
losses occur over time, it was planned to derive a time to failure curve and to determine a reduction
factor for the tensile strength of the carbon textile reinforcement. However, no loss of strength was
discovered in residual capacity tests due to the high material resistance and therefore no reduction
factor due to the environmental factors could be derived. After more than 5000 h of testing, the
residual capacity tests showed an increase in the ultimate failure stress in comparison with the
short-term tests. In addition to the long term-durability tests, the influence of the preloading was
investigated. The preload was applied to the long-term tests and led to a straighter alignment and
loading of the filaments and thus to an increase in the ultimate capacity.

Keywords: alkaline environment; carbon-reinforced concrete; creep; durability; moisture; tensile
strength; textile reinforced concrete

1. Introduction

Textile reinforced concrete (TRC) is a composite material consisting of non-metallic reinforcement
and a concrete matrix adjusted to the requirements of the reinforcement. The grid-like reinforcement
consists of impregnated yarns with up to thousands of filaments. (AR-)glass or carbon, for example,
are used as filament material, while polymers, such as epoxy resin, styrene-butadiene or vinyl ester,
are used for the polymer matrix to improve the utilization of the base material. When using carbon
reinforcement, the term carbon-reinforced concrete (CRC) is used.

Due to the non-corrosive carbon filaments, the material is significantly more durable than
reinforced concrete and withstands high tensile stresses. AR-glass reinforcement reaches lower
ultimate stress levels than carbon reinforcement but is less expensive and still achieves a significantly
higher tensile stress than steel reinforcement.

The material behavior of carbon-reinforced concrete has been investigated for almost three decades.
During this time various projects with textile reinforcements have been realized [1–4]. Meanwhile,
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material parameters for design have been investigated [5–8], and standardized testing methods have
been derived [9,10].

For the realization of buildings and elements made of CRC, potential users in Germany are
dependent on an approval in individual cases or a general building approval. To date, there
are no accepted standards, data sheets and guidelines available that make these approvals for
dimensioning redundant.

Therefore, the research program C3—Carbon Concrete Composites—was initiated, which focuses
on the economical and marketable application of carbon-reinforced concrete. In individual subprojects
of this research program, various aspects for the design and application of carbon-reinforced concrete
are investigated [11]. For example, a carbon concrete guideline is drafted within the framework of
project C3-V1.2, while in the project C3-V2.1, the long-term durability behavior of carbon reinforcement
in composite is investigated for both durability and fatigue.

For approvals and eventually design concepts, the question of strength losses due to long-term
loading and environmental exposure must be addressed. So far, long-term losses have been considered
using conservative reduction and partial safety factors which, however, do not allow for an economical
design. For this reason, the Institute of Structural Concrete of RWTH Aachen University is investigating
the long-term durability of an epoxy resin impregnated carbon reinforcement combined with a
high-strength concrete. The study is part of the collaborative subproject C3-V2.1. This paper presents
the results of current small-scale experiments to determine and evaluate the long-term durability of this
material combination and sets the current results in the context of reduction factors from the literature.

To develop a testing concept for investigating the long-term durability of carbon-reinforced
concrete, this property must be defined first. According to CSA S807-10 [12] (p. 3), durability is
defined as ‘the capability of a component, product, or structure to maintain its function for at least a
specified period of time without appropriate maintenance’. The properties of fiber-reinforced polymers
include alkaline and creep resistance and can both be determined according to CSA S806-12 [13], ACI
440.3R-12 [14] or ISO 10406-1 [15].

The testing methods for alkaline resistance of FRP bars (CSA S806-12 Annex M [13]; ACI 440.3R-12
B.6 [14]; ISO 10406-1 section 11 [15]) are used to investigate the tensile capacity and the weight of
an FRP rod before and after immersion in an alkaline solution. These testing methods differentiate
between tests with and without loading, as well as immersion in an alkaline solution or exposure
in concrete.

The test method for creep rupture of FRP bars (ACI 440.3R-12 [14]) refers to the ASTM
D7337/D7337-M [16] ‘Standard Test Method for Tensile Creep Rupture of Fiber Reinforced Polymer
Matrix Composite Bars’, where the creep rupture capacity is defined as ‘the force at which failure
occurs after a specified period of time from initiation of a sustained force’ (p. 1). The testing concepts
for the investigation of the creep behavior of the FRP bars are based on the determination of the time
to failure due to a constant stress. A semi-logarithmic relationship between time and constant stress is
derived [13,15,16].

A testing concept which considers the combined testing of the creep behavior and alkaline
resistance was developed by Weber and Baquero [17]. The concept was developed for the approval
procedure of the GFRP Schöck ComBar® in Germany. Long-term durability tests at temperature levels
of 23, 40 and 60 ◦C in high-alkaline water-saturated concrete were performed to prove the Arrhenius
equation. The equation verifies that the chemical reactions are accelerated by the elevated temperature
but are not changed due to a single mechanism that controls the degradation process [18]. Finally,
a time-acceleration factor can be determined. In comparison to the previously mentioned testing
concepts, the results are plotted in a log-log diagram, where the relationship between the applied stress
and the time to failure is linear. Further information on the testing concept can be found in [17,19].

Due to the alkaline environment of the concrete, the presence of moisture and changing
temperatures in exterior components as well as loads which lead to stress in the reinforcement,
it is necessary to investigate the long-term behavior under combined exposure. In this work, the
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long-term durability is therefore defined as a constant stress on a textile reinforcement under the
influence of the environmental conditions that can be applied during the service life of a building
structure without failure of the reinforcement.

2. Long-Term Durability of Non-Metallic Reinforcement

The long-term durability is affected by environmental factors such as stress, temperature, moisture
and alkalinity (e.g., [17,20]). These factors are not only used to simulate the environmental conditions,
but also for artificial aging, as it is not possible to carry out long-term tests over a service life of up to
100 years [17,21–25]. To determine the residual strength at the end of the life time, an extrapolation of
the trend line based on the test data is necessary [16,17,26].

Tensile stress has the greatest influence on the long-term durability of non-metallic reinforcement.
Depending on the level of stress, the load leads to a stress fracture of the filaments (creep rupture) after
a certain time [27]. Micro cracks in the polymeric matrix appear due to the resulting stress in the yarns,
which subsequently enable a chemical attack of the filaments [21]. Furthermore, the matrix can transfer
less stress to the neighboring filaments in the area of the micro cracks.

Due to the manufacturing process, the yarns are not exactly aligned, which leads to an uneven
load when subjected to stress. However, it is expected that due to the internal composite stresses, the
impregnation material creeps. This has a positive effect on the alignment of the filaments. Over time,
the micro cracks may grow, which provokes a filament rupture when the ultimate strain or rather the
ultimate stress is reached. Consequently, the load has to be transferred to the non-cracked filaments,
which can lead to further filament rupture and finally the failure of the textile reinforcement [26].

The ambient temperature reflects the energy level. With increasing temperature, the energy level
rises and chemical reactions are accelerated [18]. Litherland et al. [28] carried out fiber strand-in-cement
strength tests with Cem-FIL AR glass fibers at temperatures from 20 ◦C to 80 ◦C and concluded that a
chemical reaction controls the speed over the range of this temperatures.

The long-term durability is also influenced by moisture. Moisture is present in every building
component. Outdoor structures such as façade panels and bridges show an increased moisture level
due to exposure to rain and melting snow. Many chemical reactions take place in concrete under
the influence of moisture [29]. It serves as a transport medium for alkalis and other substances from
the concrete or the environment to the reinforcement. According to Orlowsky and Raupach [30], a
minimum moisture level must be exceeded before the transportation of moisture and OH-ions on the
filament surfaces leads to a loss of strength of unimpregnated AR-glass reinforcement.

For uncracked concrete components, the speed of the damaging process depends on the porosity
of the concrete and the diffusion coefficient of the impregnation material of the textile reinforcement. In
cracked components, moisture can penetrate faster through the impregnation material to the filaments
due to cracks in the concrete matrix and micro cracks in the polymer matrix caused by stress in the
area of the cracks [29], as described above.

Besides the environmental factors, the long-term durability also depends on the material
parameters of the non-metallic reinforcement. The filament material (e.g., carbon, glass and basalt), the
impregnation material (e.g., epoxy resin, styrene-butadiene and vinylester), the cross-sectional area
and the shape of the yarns, the transversal yarn spacing as well as the production process affect the
long-term durability.

Carbon filaments seem to be resistant under the environmental conditions. Carbon filaments
do not undergo corrosion in alkaline environments nor absorb moisture [31]. In addition to that,
the influence of the temperature on the durability of the carbon filaments is low. The temperature
resistance of carbon even increases with production temperature [32]. However, strength losses may
occur due to the impregnation material.

The impregnation material serves to protect the filaments. However, a loss of strength compared
to the initial strength due to the impregnation material is possible [33]. Ceroni et al. [34] mentioned the
degree of impregnation, the absence of cracks and voids, the resistance to micro-cracking, as well as
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the degree of curing independent of fiber and impregnation material of the polymeric matrix as key
factors for the reduction of durability of FRP materials.

The long-term durability of non-metallic reinforcement is influenced by the environmental factors
stress, temperature, moisture and alkalinity. Carbon filaments appear to be resistant to these factors.
Therefore, the failure mechanisms that may occur for composites with non-metallic reinforcement
must be considered.

3. Failure Mechanisms of Non-Metallic Reinforcement

The environmental factors influence the long-term durability behavior of different types of
non-metallic reinforcement to varying degrees and cannot be generalized. For certain materials, these
factors inhibit a clear definition of global failure mechanisms. Nevertheless, an attempt will be made
to define such mechanisms.

According to Bank et al. [31], the failure occurs in three different phases, or their combination: the
fibers, the matrix, and the interphase. A damage of one phase often influences the failure mode of
another phase.

Micro cracks in the matrix do not lead to a failure of the composite material (polymeric matrix and
fibers) but allow moisture and dissolved chemicals to penetrate the matrix. Under certain circumstances,
this leads to an attack on the fibers (e.g., AR-glass) [35]. The failure of the composite material is
attributed to the damage of the fiber-matrix interphase [31].

According to Mufti et al. [36], the glass transition temperature is lowered by plastification due to
moisture in the matrix of the resin. Due to the moisture absorption and alkalis, the matrix may be
damaged because of swelling stresses by cracking, hydrolysis or fiber-matrix debonding. This results
in reduction of the stress transfer capability between fiber and matrix [37–39].

The degradation of the fiber-matrix interphase is important for the overall damage of the composite
material and, according to Ray [33], the dominating mechanism during environmental aging. Ray [33]
examined the effect of temperature on interfaces of fiber-reinforced epoxy composites during humid
aging and figured out that the interfacial adhesion is more influenced by hygrothermal aging at higher
temperature and longer exposure times. The mechanism of attack depends on the chemistry, structure,
morphology and modes of failure at the interface.

Due to environmental factors, failure of the filaments, the matrix or the interphase can lead to
failure. A chemical attack of carbon filaments is not expected, but the fiber-matrix interphase or
the matrix can be damaged and may lead to long-term failure. To investigate the influences and
possible failure mechanisms on an epoxy resin impregnated carbon reinforcement, long-term tests are
carried out. The factors stress, temperature and moisture are also used for accelerated aging of the
test specimens.

4. Materials and Test Specimens

In this study, an epoxy resin impregnated carbon textile and a high-strength concrete were selected.
The chosen biaxial texile solidian GRID Q95/95-CCE-38 from solidian GmbH, whose characteristics
where determined in uniaxial single yarn tests [40] (Table 1). A section of the carbon textile reinforcement
is displayed in Figure 1.
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Table 1. Material characteristics of the carbon textile solidian GRID Q95/95-CCE-38 (properties of one
individual yarn [41], test setup according to [42]).

Characteristic Unit Warp Direction (0◦) Weft Direction (90◦)
Modulus of elasticity MPa 244,835 243,828
Mean ultimate stress MPa 3221 (n = 204 tests) 3334 (n = 218 tests)

5% quantile ultimate stress MPa 2737 2762
95% quantile ultimate stress MPa 3705 3906

Axial spacing of yarns mm 38 38
Cross-sectional area per yarn 1 mm2 3.62 3.62

1 Filament area without epoxy impregnation.

warp (0°)

weft (90°)

38 mm

38 mm

Figure 1. Detail of the tested textile carbon reinforcement.

The requirements on the concrete had changed due to textile reinforcement, so that the concrete
composition had to be adapted. The maximum grain size for the ability of penetration through the textile
reinforcement [43], the long-term availability of the raw materials, ecological and economic criteria as
well as a short-term feasibility of the results in construction practice were taken into account [44] for
the development of the concrete, which was part of the basis project B2 of the C3 program.

The concrete composition used differs slightly from the compositions presented by
Schneider et al. [44] because locally available raw materials were used. The maximum grain size is
4 mm, which means that the concrete can be classified as mortar. However, due to the high-strength
properties, the term concrete was established. The composition of the high-strength concrete is shown
in Table 2.

Table 2. Mix design of cementitious matrix for concrete HF-2-165-4 (mix design adapted from [44]).

Substance Density [kg/m3] Content [kg/m3]

Binder compound CEM II/C-M Deuna 2962 707
Quartz sand F38 S 2650 294

Quartz sand 0.1–0.5 mm 2630 243.2
Quartz sand 0.5–1.0 mm 2630 201.4
Quartz sand 1.0–2.0 mm 2630 148.9
Quartz sand 2.0–4.0 mm 2630 593.5

Superplasticizer (polycarboxylatether base)
MC-VP-16-0205-02 1070 15

Water 1000 165
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When concreting, first, the binder and the aggregate are mixed dry for one minute before water
and the superplasticizer are added. After a further three minutes of mixing time, the concrete is poured
in the formworks. Due to the self-compacting properties of the concrete, no vibration is required.
After concreting, the test specimens in the formworks are protected against drying out. After one
day, the formworks are removed, and the specimens are stored in water until the 7th day. From the
8th day, the samples are stored at room climate (approximately 20 ◦C and 65% RH). After reaching a
minimum concrete age of 28 days, the test specimens are tested for their short-term, long-term and
preloading behavior.

The compressive strength and flexural strength of the concrete were determined on test specimens
according to DIN EN 196-1 [45] after 28 to 31 days. As an average of 36 specimens, the compressive
strength was 123.7 MPa with a coefficient of variation (COV) of 7.7%. The average flexural strength
was 12.2 MPa for 18 samples (COV 15.1%). The average modulus of elasticity was determined to be
43,839 MPa (COV 4.9%) [46] on six cylinders of 30 cm height and 15 cm diameter.

All test specimens are reinforced with a single layer of the carbon textile. The specimens have
dimensions of w/t/l = 120/30/1000 mm3. Each specimen is reinforced with a section of the biaxial fabric
with three yarns in test direction (warp direction, Figure 1). The concrete cover is 15 mm.

5. Experimental Investigations

5.1. Introduction

To determine a time to failure curve and a possible reduction factor for a certain service life, e.g.,
100 years, for the material combination described in Section 4, long-term tests are carried out. By means
of twenty short-term tests with a concrete age of 28 days, the reference load levels for the long-term
tests are defined.

The test specimens of the long-term tests were initially preloaded with a final crack pattern for
24 h in tempered water on half of the reference load to ensure a uniform internal load distribution
before the constant load is applied. In further tests the influence of the preloading is investigated.

Due to the environmental factors explained in Section 2, the preloading and long-term durability
tests are performed under the combined impact of stress, temperature, moisture and alkalinity. The
aim of the testing concept developed [19], and originally planned for these tests, was to carry out
long-term tests over 200, 1000 and 5000 h. To derive a reduction factor at the end of the service life, a
semi-logarithmic relationship between stress and time from variation of the constant stress levels is
assumed. To determine a reduction factor, an extrapolation of the time to failure curve is necessary.
However, the concept, which is successfully applicable to glass reinforcement, cannot be applied to the
long-term tests with the carbon reinforcement presented in this paper, as no failure due to the exposure
occurred during the test periods. In residual capacity tests, no reduction could be determined after the
end of exposure. Therefore, a different approach will be necessary.

5.2. Experimental Procedure

5.2.1. Short-Term Tests

The tests were carried out in a universal testing machine with a maximum load of 100 kN. Two
inductive displacement transducers were pasted on the formwork side and one on the filling side of
each specimen to measure the deformations and determine the failure strain of the textile reinforcement.

The load is applied via hydraulic clamping devices through steel plates with clamping length of
200 mm (Figure 2).
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Figure 2. (a) Specimen in testing machine; (b) schematic (according to [10]) of the test setup for
short-term tests.

The reference load for the long-term durability tests was determined at room temperature based
on two test series, each consisting of ten test specimens. The specimens were tested at an age of 28
days and loaded monotonously with 1 mm/min until failure. The ultimate strain was evaluated at the
time of the maximum stress.

5.2.2. Long-Term Tests

The long-term durability tests are carried out in especially developed test rigs (Figure 3a). Those
rigs allow a long-term loading of the test specimens as well as a readjustment of the forces by hollow
piston cylinders, which are operated hydraulically. In addition to the constant load, the specimens are
exposed to tempered water (40 or 60 ◦C).

The tap water used is not exchanged during the entire test period. The pH-value of the water is 8
and rises rapidly to approximately 11 after dissolution of alkalis from the concrete of the test specimens.
This results in an alkaline solution which, besides local attacks by the concrete pore solution on the
reinforcement, leads to an attack on the reinforcement material. Accordingly, a simultaneous exposure
of stress, moisture, temperature and alkalinity can be examined (Figure 3b).

The load is again applied via clamping devices made of steel plates (clamping length 250 mm). To
ensure a permanent clamping of the test specimens, the clamping length increased by 50 mm compared
to the short-term tests. The contact pressure is applied by lateral mechanically pretensioned threaded
rods. Since the test specimens slipped out during first trial tests, the contact pressure increased to
approximately 4.0 MPa (short-term tests 3.0 MPa). The reason for the slipping of the specimens is
the thermal expansion of the threaded rods in the tempered water, which leads to a reduced contact
pressure compared to the short-term tests.

To measure the creep deformations of the specimens or rather the carbon reinforcement, inductive
displacement sensors are placed on the formwork and the filling side of the test specimens. Due to the
length of the clamping devices, a test area of 500 mm and a measuring area of 450 mm were chosen.
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Figure 3. (a) Long-term durability test rigs; (b) Test specimen under exposure.

While recording the deformations, the test specimens are loaded slowly in the tempered water, up
to half of the reference load from the short-term tests. However, due to the high tensile strength of the
concrete, no cracks will appear at this load level. Therefore, the specimens are loaded up to a final crack
pattern before the load level is reduced back to half of the reference load and kept constant for 24 h.

This constant load serves as a preload for the test specimens, as it was specified in the project
C3-V2.1. The influence of the preloading will be explained in detail in Section 6. After 24 h, the load
level is applied and kept constant by manual readjustment over the entire test period until the failure
of the specimens. The test time generally depends on the height of the load level.

5.2.3. Preloading Tests

The first part of the preloading tests is performed in the test rigs of the long-term tests (Figure 3a).
The clamping devices and the measuring technology are therefore the same.

After 24 h of preloading, the three specimens are removed from the test rigs and dried for 24 h at
room temperature. The residual load capacity of the test specimens is determined with the test setup
described in Section 5.2.1.

The clamping length is again 250 mm, according to the long-term tests.
The procedure of the preloading is already described in Section 5.2.2. After 24 h of preloading in

60 ◦C tempered water, the test specimens are removed from the test rigs and dried for 24 h at room
temperature. The test specimens are then installed in the testing machine described in Section 5.2.1
and loaded to the ultimate load at 1 mm/min.

6. Results

6.1. Short-Term Tests

The results of the two-test series are presented in Figure 4. The mean failure stress σt,max of the
first test series (Figure 4a) was 2969 MPa with a maximum strain εt of 10.6%�. The mean failure stress
σt,max of the second test series (Figure 4b) was 3130 MPa with a maximum strain εt of 11.1%�. This
results in a reference failure stress of 3050 MPa with a maximum strain of 10.9%�. The coefficient of
variation is 9% for the mean failure stress and 17%� for the mean strain at failure. The high variance of
the strain εt can be explained with the indirect measurement of the deformations on the concrete.
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Figure 4. Results of the first (a) and second (b) short-term test series.

The black line represents the mean value curve from each of the 10 individual curves, which was
averaged over strain sections of 0.2%�. The reference load is necessary for the specification of the
preloading and long-term durability load levels.

All tests specimens failed due to the rupture of the reinforcement. The minimum failure stress
achieved in the first test series was 2532 MPa, while 2692 MPa was achieved in the second test series.
The maximum failure stress was 3465 MPa and 3478 MPa, respectively. Two to four cracks occurred in
the measuring range during the tests.

6.2. Long-Term Durability Tests

After the reference failure stress (3050 MPa) was determined, constant load levels were selected
for the long-term durability tests. For the first load level the aim was to achieve failure within a few
hundred hours based on the testing concept [19]. Subsequently, the load levels were to be reduced to
reach test times of 1000 and 5000 h.

Table 3 provides an overview of the performed long-term durability tests (CLTT—Carbon
Long-Term Tests). Specimens that failed during loading were excluded.

Table 3. Overview of the long-term durability tests.

Tests Constant Load [MPa] Test Time [h] Temperature [◦C] Ratio σt,x/σt,0 [-] Residual Capacity [MPa]

CLTT-1 1 2168 11,000 40 0.71 -
CLTT-2 2685 5117 40 0.88 3360
CLTT-3 1 2795 7175 40 0.90 -
CLTT-4 2813 5400 40 0.92 3504
CLTT-5 2865 5300 40 0.94 3582 3

CLTT-6 2 2933 811 60 0.96 -
CLTT-7 1 2958 5930 40 0.97 -

1 Running test; 2 not preloaded, 3 reduced test area.

As displayed in Table 3, the specimens did not fail, with one exception, at loads exceeding 90% of
the reference load, so that a few tests were stopped after 5000 to 6000 h to determine the residual capacity
of the specimens. The failure of the specimen CLTT-6 is attributed to the non-applied preloading.

No decrease in strength could be observed in the residual load capacity—the ultimate capacity
was even higher than the short-term strength. It is assumed that the preloading and the constant
loading lead to an uniformization of the individual yarns and of the filaments in each yarn regarding
stress and strain levels. This would increase the load capacity of the reinforcement. The effect of a
preloading is presented in the next section and discussed in Section 7.

In Figure 5a the results of the long-term durability tests from Table 3 are plotted in a
semi-logarithmic diagram. The red arrows in Figure 5a symbolize the ongoing tests. CLTT-1,
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which was started as a pretest and whose load level is clearly below that of the other tests, is not plotted
in the diagram. Figure 5b displays the tests which were stopped after 5000 to 6000 h, as well as their
respective residual capacities.
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Figure 5. (a) Overview of the long-term durability tests; (b) stopped long-term durability tests and
their residual capacity.

The dotted lines represent the maximum textile stress (3476 MPa), the reference stress (3050 MPa)
and the lowest textile stress (2532 MPa) achieved in the short-term tests (Section 6.1). The upper and
lower lines represent the scatter range of the ultimate stresses of the textile.

As described before, the original aim was the derivation of a time to failure curve for the tested
material combination. Based on the test results, however, it is not possible to identify such a curve to
determine the strength losses at the end of the service life. For this purpose, a starting point of the
time to failure curve must be determined first. Since no failure of the long-term durability tests could
be achieved within a few hundred hours due to the constant load levels and environmental factors,
preloading tests are carried out.

Figure 5b clearly shows that the stopped tests still had a residual capacity of 24 to 26% above the
constant load or 10 to 17% above the reference load, respectively. Therefore, no loss of strength could
be detected. However, it is presumed that an alignment of the filaments occurs, which leads to an
increase of the load capacity compared to the reference load. The results of the preloading tests are
presented in the next section.

6.3. Preloading Tests

The preloading over 24 h in 60 ◦C tempered water led to an increase of 7% (3270 to 3050 MPa) in
the load capacity compared to the reference load. The test specimes had two to three cracks in the
measuring area as a result of the preloading. The number of cracks corresponds well with the number
of cracks in the short-term (Section 6.1) and long-term durability tests (Section 6.2). When determining
the residual capacity, no further cracks occurred so that each test specimen had already achieved a
final saturated crack pattern.

A direct comparison of the stress strain curves is not feasible due to the removal of the specimens
from the test rigs (Section 5.2.2) and the installation in the testing maschine for the short-term tests
(Section 5.2.1).

The higher mean ultimate stress is attributed to the alignment of the filaments (training effect).

7. Discussion

No reduction of the long-term durability for the carbon textile reinforcement could be determined
due to the environmental factors of stress, temperature, moisture and alkalinity. The comparison of
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the residual capacity tests to the short-term tests showed that no loss of strength occurs during the
test times. Instead, an increase in the load capacity after more than 5000 to 6000 h was observed. This
increase is attributed to a load-oriented alignment of the individual filaments (training effect). The
non-exact alignment of the filaments in the production process is reduced because of the pre- and
constant long-term load. This leads to an improvement of the ultimate tensile capacity in comparison
with the short-term tests, which did not experience any preloading or constant load, respectively.
At present, no level of degradation of the textiles exposed to long-term exposure compared to the
short-term tests can be determined.

Three preloading tests verified the so-called ‘training effect’ and will be further investigated
in future studies. An increase of 7% in the load capacity compared to the short-term tests was
observed. The use of internal fiber sensors [47] could provide information on the exact strain of
textile reinforcement in the crack area. This would enable the measurement of the actual strain of
the reinforcement in the area of the concrete cracks and hence the development of the strain due to
a pre- and constant long-term load. Furthermore, to verify the statement of the ‘training effect’, the
test specimens of the accelerated long-term tests could be compared to test specimens loaded under
real conditions.

According to the current state of investigations, it cannot be assumed that the results can
directly be transferred to other material combinations of high-strength concrete and carbon textile
reinforcement, because many characteristics of the technical textiles influence the long-term durability
behavior. Furthermore, it cannot be excluded that the substances of the cementitious matrix will
influence the long-term durability of the carbon textiles. At this point, however, it is assumed that
investigations with exposure to a high alkaline concrete (pH value 13 to 14) are representative for other
cementitious matrices.

Moreover, the investigated load levels will not occur in components. The actual textile stress in
a component is significantly lower than the textile stresses at mean value level considered here, as
the design of components is based, among other things, on design values. Therefore, the assumed
maximum stress is not fully applied to components.

However, the results of the long-term tests of this work correspond well with results from
literature. An overview of long-term tests on AFRP, CFRP and GFRP is presented in [27]. For example,
Arockiasamy and Amer [48] did not notice any loss of strength at load levels of 65% of the breaking
stress during tests on CFRP cables in alkaline solution with a pH value of 13 to 14 over nine months.
Micelli and Nanni [21] investigated the durability of three different carbon rods under the influence
of alkaline immersion and aging cycles. The test specimens stored for 21 or 42 days in an alkaline
solution at 60 ◦C showed a loss of strength of 1% and 8%, respectively. After alternating combined
environmental cycles, strength losses of less than 5% were found.

In accordance with the test results of this work, no or only a slight loss of strength is found in
literature for CFRP tests. The durability behavior of CFRP reinforcement and carbon textiles differs
due to the geometric properties (cross-sectional area, shape, impregnation material, etc.). However,
since no results of long-term durability tests on carbon textiles are available, a reference is made. Due
to different production processes of CFRP and carbon textile reinforcement, an increase in strength for
the carbon textile reinforcement can be observed.

The test method that was to be used for the experiments could not be applied in this form, so there
is a need for further development. Thereby, it must be taken into account that reliable characteristic
values of the examination parameter can be derived [49].

8. Conclusions and Outlook

The long-term durability is the combined investigation of creep and alkaline resistance. A test
method, which was developed by Weber and Baquero [17] and combines both exposures, was applied
to small-scale specimens with a high-strength concrete and a single layer of an epoxy impregnated
carbon reinforcement. To determine the long-term durability of the carbon reinforcement, short- and
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long-term, as well as preloading, tests were performed. Based on the short-term tests, the load levels
for the long-term and preload tests were determined.

The results of this work can be summarized as follows:

• The long-term durability behavior of textile reinforcements is generally influenced by
environmental factors, such as stress, temperature, moisture and alkalinity (pH-value). For
this purpose, test rigs were developed which allow a combined exposure.

• Long-term durability tests with up to 11,000 h test time at temperatures of 40 and 60 ◦C were
carried out at load levels of 70 to 97% of the reference load determined in short-term tests. With
one exception, there was no failure due to the applied constant load levels.

• An increase of the ultimate load compared to the short-term tests could be identified in residual
capacity tests. A load-oriented alignment of the filaments (training effect) is assumed, which leads
to the higher load capacities of 10 to 17% compared to the short-term tests.

• Preloading tests at 60 ◦C confirmed this observation. After 24 h of preloading at 50% of the
ultimate reference load, the residual capacity was 7% higher than the reference load.

Based on the long-term durability tests presented in this paper, it is not yet possible to derive a
time to failure curve or a loss of strength for the material combination presented in Section 4. This
corresponds to the test results of carbon reinforcement described in literature, where no or only minor
strength losses were found. Within the framework of the C3-V2.1 project, further investigations
will be carried out to validate the long-term durability of this and other material combinations with
non-metallic carbon reinforcement. The aim is to determine the loss of strength over 100 years for
this reinforcement to be able to safely and economically design carbon concrete components. As an
outlook, it currently appears possible that no reduction due to external influences is necessary for this
type of reinforcement. Moreover, the influence of a preload shall be further investigated.
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Abstract: Using large lightweight insulating sandwich panels with cement composite faces offers
great possibilities for the renovation of existing dwellings. During their lifetime, these panels are
subjected to wind loading, which is equivalent to a repeated loading. To guarantee the structural
performance of these panels during their entire lifetime, it is necessary to quantify the impact of
these loading conditions on the long term. The fatigue behaviour was, therefore, examined in this
paper both at the material level of the faces and at the element level as well. plain textile reinforced
cementitious composite (TRC) specimens were subjected to 100,000 loading cycles by means of a
uniaxial tensile test, while sandwich beams were loaded 100.000 times with a four-point bending
test. Results show that the residual behaviour is strongly dependent on the occurrence of cracks.
The formation of cracks leads to a reduction of the initial stiffness. The ultimate strength is only
affected in a minor way by the preloading history.

Keywords: textile reinforced cementitious composites (TRC), sandwich elements; fatigue; uniaxial
tensile tests; four-point bending tests; digital image correlation (DIC)

1. Introduction

The energy and thermal insulation regulations for both new buildings and renovations become
stricter year after year, leading directly to a growing demand for low-energy insulating building
solutions. Particularly for renovation, the installation time on site needs to be reduced to the minimum
to limit the inconvenience for the current residents. In this context, large lightweight prefabricated
sandwich panels offer great possibilities. Renovating and insulating existing dwellings by placing
panels with the dimensions of one story facilitates the installation process and reduces the total
renovation time to a couple of days.

Nowadays sandwich panels are already widely spread in construction. They are characterized
by a large stiffness to weight ratio thanks to the composite action between the two stiff faces and the
insulating core. Different materials can be used, both for the core as for the skins [1]. Steel, wood,
concrete, etc., have been used as facing material. Precast concrete sandwich panels are commonly used
for walls of (industrial) buildings. Typically, these panels consist of steel reinforced concrete faces
with a thickness of 60 mm or more, which ensure the load-bearing capacity. The total weight of such
panels can be substantially reduced by omitting the non-structural concrete, i.e., the concrete cover
necessary to protect the steel rebars against corrosion. This can be achieved by using technical textiles
as an alternative reinforcement to steel. Since these textiles are not sensitive to corrosion, no concrete
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cover is needed, and lightweight sandwich panels with skins of only a few millimeter’s thickness can
be achieved. The combination of a cementitious matrix with a textile reinforcement has been widely
investigated for different kinds of applications: reinforcing and/or strengthening of concrete and
masonry structures [2–5], construction of pedestrian bridges [6], and as skins for the fabrication of
sandwich panels. In addition to an experimental characterization of the bending behaviour of TRC
sandwich panels [7–10], various work has been done on the analytical [11,12] and numerical [13–15]
modelling of this behavior.

Textile reinforced cementitious composite (TRC) is characterized by a linear behavior in
compression and a non-linear behavior in tension. This non-linear tensile behavior was observed in
various experiments [16–20]. Parallel to this experimental campaign, different models were elaborated
to predict the structural behavior of TRC [21–24]. Generally, the tensile behavior of the composite
can be divided into three different stages (Figure 1). During the first linear stage, fibers and matrix
are working together, and the modulus is given by the law of mixtures. For composites with a low
fiber volume fraction, the modulus of the matrix is determining for the resulting initial modulus E1.
Cracks start forming in the matrix when the ultimate tensile stress of the matrix is exceeded, resulting
in a reduction of the modulus. Once a crack is formed, the load is redistributed. This process of the
formation of cracks and subsequently redistribution of the load is called the multiple cracking stage
and repeats itself until the matrix is fully saturated with cracks. The third and last stage is called the
post-cracking stage. In this linear stage, the additional load is only carried by the fibers. The tangential
modulus of the composite E3 is determined by the modulus of the fibers and the fiber volume fraction.
Finally, failure of the composite material is induced by tensile rupture of the textile at a strain largely
exceeding the tensile failure strain of the matrix.

Figure 1. Characteristic tensile behavior of textile reinforced cementitious composite (TRC).

Applied in sandwich panels, the TRC faces are subjected to different loading conditions. One of
the determining loading conditions is wind loading, comparable to a repeated loading. The influence of
TRC sandwich panels subjected to a repeated loading has been studied little before. Cuypers et al. [25]
cyclically loaded sandwich panels with E-glass fiber reinforced cementitious faces up to 2/3rd of their
ultimate load. The panels were subjected to ten loading cycles and subsequently loaded up to failure.
During the repeated loading an accumulation of the residual deformation was observed. Literature
data on the fatigue behavior of TRC itself are limited. Hegger [6] and Mesticou [26] performed
cyclic loading tests on TRC coupons, but the number of loading cycles was limited. Remy [27] and
Cuypers [28] studied the behavior of TRC specimens, combining an inorganic phosphate cement
with E-glass fibers. The specimens were subjected up to 107 cycles for different maximum cyclic
loads. By assessing the evolving modulus, it was concluded that the accumulation of damage was not
stabilized after 107 cycles. In all the above-mentioned research, samples were loaded and unloaded
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using a uniaxial tensile test up to a load at which the multiple cracking fully took place. An evaluation
of the fatigue behavior of TRC at low load levels, i.e., below the matrix cracking stress is lacking in
the literature.

Applied as thin faces in a sandwich panel loaded in bending, TRC will subjected to (nearly)
uniform tension or compression and to loading cycles at relatively low stress levels originating from
the characteristic wind loadings. The investigation of repeated loading conditions at the lower stress
range is crucial and differs from the work done in literature. The formation of cracks at lower stress
levels needs to be evaluated. This occurrence of cracks is directly linked to the ingress of aggressive
substances and, thus, to durability measures of the façade panels. In addition, the modulus of
TRC in the cracked state is significantly reduced. This lowered modulus has a direct impact on the
displacements of the panels. A proper comprehension of the tensile fatigue behavior of TRC is, thus,
indispensable to evaluate the long-term behavior of the resulting sandwich panels, and this already at
low stress levels to account for the serviceability limit state.

This paper describes an extensive experimental study on 27 TRC coupons and 13 sandwich
beams with TRC faces. Nine coupons were tested statically to identify the reference tensile behavior.
The other 18 samples were divided into three different series. Each series was subjected to 100,000
tensile loading–unloading cycles up to a different predefined stress level, based on the expected loading
conditions in serviceability limit state: 0.5 MPa, 1.0 Mpa, and 2.0 MPa. Afterwards, a static tensile
test was performed to quantify the residual behavior. From the 13 sandwich beams, five sandwich
beams were used as reference beams and loaded up to failure. The eight other beams, divided into
two series, were subjected to 100,000 loading–unloading cycles and subsequently loaded up to failure.
The maximum cycle load of the first series was equivalent to an elastic tensile stress of 1.0 MPa in the
TRC skin, for the second series this was equivalent to an elastic tensile stress of 2.0 MPa. For both
the coupons and the sandwich beams, an extensive analysis was performed on the hysteresis curves
of the repeated loading tests and on the residual static behavior. In addition to a comparison of the
structural behavior, the cracking behavior was also investigated in detail. Conclusions were drawn on
the evolution of the parameters of the hysteresis curves and on the degradation of the static behavior.

2. Materials and Methods

2.1. Material Characteristics

To allow a clear comparison between the investigations on the component and the element level,
the same materials were used for the coupons and the sandwich faces. For the TRC coupons, a premix
mortar was reinforced with multiple layers of alkali-resistant (AR) glass fiber textiles. For the sandwich
beams, an expanded polystyrene (EPS) core was covered with the same textile, embedded in the
premix mortar. The material properties of both the EPS and the TRC constituents (mortar and textile)
are described below.

2.1.1. Mortar

A commercially available Portland cement-based shrinkage-compensated mortar was chosen as
the matrix of the TRC. Its maximum grain size was 0.5 mm, and a water to binder mass ratio of 0.15
was considered. Six flexural and twelve compression tests were performed according to the European
Standards [29], to characterize the flexural strength fct,f and compressive strength fcc (Table 1).
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Table 1. Mechanical properties of the used mortar.

fct,f

MPa
fcc

MPa

Average 6.35 23.17
Standard Deviation 0.45 1.59

2.1.2. Textile Reinforcement

A technical textile made of AR glass rovings is embedded in the mortar. The textile is polymer
coated and woven into an orthogonal mesh. The textile has a nominal tensile strength of 2500 N per
50 mm, a total surface weight of 200 g/m2 (165 g/m2 glass fibers), and a mesh opening of 5 mm in
both directions [30] (Figure 2).

Figure 2. An alkali-resistant (AR) glass textile with a mesh size of 6 mm used.

2.1.3. Expanded Polystyrene

For the fabrication of the sandwich beams, expanded polystyrene (EPS) was chosen as a rigid
insulating core. EPS is not the most performant thermal insulating material, but this is largely
compensated by its low cost and low density (15–20 kg/m3). Both cost and density are key parameters
for the considered application. The properties of the used EPS 200 are listed in Table 2.

Table 2. Properties expanded polystyrene (EPS) 200 [31].

Density
kg/m3

E-Modulus
MPa

Bending Strength
kPa

20 10 250

2.2. Specimen Preparation

The experiments on the material level were carried out on prismatic TRC coupons, with a nominal
length of 500 mm, a nominal width of 75 mm, and a nominal thickness of 10 mm. All specimens had an
identical build-up, reinforced with two layers of textile equally distributed over the height (Figure 3).
To do so, they were made separately using a hand lay-up technique; the mortar was cast three times.
After spreading out the first layer of mortar, a reinforcement fiber net was placed and impregnated
in the mortar (Figure 4). Subsequently, a second layer of mortar and second reinforcement grid were
placed. Once the third layer of mortar was cast, a plastic sheet was used to seal the mold and to
prevent premature evaporation of the water. All the coupons were demoulded after 24 h and had the
same curing process for 28 days; stored at ambient temperature (approximately 20 ◦C) and a relative
humidity of between 45% and 60% for at least 28 days. The resulting fiber volume fraction of the
samples was equal to 1.29% (0.65% in the loading direction).
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Figure 3. Stacking sequence TRC coupons.

Figure 4. A hand lay-up technique was used for the preparation of the specimens: (a) TRC coupons
and (b) sandwich beams with TRC faces.

For the element level, sandwich beams with a total length of 2500 mm and a width of 200 mm were
fabricated and tested. An EPS core with a thickness of 200 mm was covered on both sides with a 5 mm
thick TRC layer using a hand lay-up technique. After spreading out a layer of mortar, the textile grid
was embedded in the mortar. The glass fiber volume fraction was equal to that of the coupons, 0.65%
in the loading direction. The faces were sealed with a plastic cover to prevent premature evaporation.
All beams were stored for at least 28 days at ambient temperature (approximately 20 ◦C) and relative
humidity of between 45% and 60%.

2.3. Test Set-Up

2.3.1. Uniaxial Tensile Tests

For the material level, uniaxial tensile tests on TRC coupons were preferred over bending tests,
since they are more representative for the considered application: the thin faces of a sandwich panel
subjected to bending are loaded under (nearly) uniform tension or compression. In the uniaxial test
set-up, the load was introduced via bolt through aluminum end-plates, which were glued to the TRC
coupons with a two-component glue. Stress concentrations were avoided by tapering the end-plates
(Figure 5). The specimens were loaded by a servo-hydraulic actuator with a capacity of 25 kN, using a
10 kN load cell. The static tests were displacement-controlled with a rate of 1 mm/min. The cyclic
loading was load controlled at a frequency of 10 Hz. Displacements were measured with a dynamic
extensometer at one side and digital image correlation (DIC) at the other side.
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Figure 5. Uniaxial test set-up and dimensions.

2.3.2. Four-Point Bending Tests

To assess the fatigue behavior on the element level, sandwich beams were both statically and
cyclically loaded using a four-point bending test set-up. The distance between the roller supports
was 2200 mm. The load was induced by means of a 500 mm span dividing beam, connected through
a 10 kN load cell to a servo-hydraulic actuator with a capacity of 25 kN (Figure 6). The static tests
were displacement-controlled with a rate of 1 mm/min. The cyclic loading was load-controlled at a
frequency of 2 Hz. To avoid local stress concentrations, aluminum distribution plates were placed at
the supports and at the loading areas. Mid-span displacements were monitored with an LVDT (Linear
Variable Differential Transducer). DIC was used to monitor the cracking behavior of the tensile face
partly in the zone of the constant moment.

Figure 6. Four-point bending test set-up.

2.3.3. Digital Image Correlation

To measure strains and displacements and to visualize cracks, digital image correlation (DIC) was
used. It is an optical, non-contacting method to measure displacement- and strain-fields of a specimen.
The measurement is based on the comparison of a reference image (generally unloaded condition)
with images taken at different load steps. The settings of the DIC systems are specified in Table 3.
The features of the used cameras are listed in Table 4. For the static tests, images were acquired at
a frequency of 0.3 1/s. During the cyclic tests, one image every 10 cycles was taken during the first
100 cycles. Further, one image was acquired every 100 cycles up to cycle 1000 and every 1000 cycles up
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to cycle 100,000. A more extensive description of the working principle of DIC can be found in the
literature [32].

Table 3. Settings digital image correlation (DIC) analysis.

TRC Coupons Sandwich Beams

subset 21 pxs 21 pxs
step 7 pxs 7 pxs

filter size 11 11
area of interest 250 × 45 mm 250 × 190 mm

Table 4. Camera features.

Type of Camera CCD

lenses size 8 mm
resolution 2546 × 2048 pxs

3. Results and Discussion

3.1. Investigations on TRC Coupons

In total 27 specimens were tested. First, the reference behavior (TRC REF) was characterized
by testing nine specimens in a quasi-static way. The stresses were calculated using the nominal
dimensions, strains were measured using DIC over a length of 320 mm. The average stress–strain
curve was determined from the different curves; the standard deviation is presented as the shaded
area (Figure 6). In the first linear stage, the modulus E1 was 11.38 GPa. A modulus E3 of 411.34 MPa
was determined in the third stage. On average, the first crack appeared at a stress equal to 1.65 MPa.

As mentioned before, building elements, such as façade panels, will be prone to repeated loading
conditions originating from the wind. Under characteristic wind loading, the stress level in the faces
will not exceed 2 MPa (Figure 7). To have a clear insight on the influence of such loading conditions,
three series of six specimens were cyclically loaded up to three different stress levels; 0.5 MPa, 1.0 Mpa,
and 2.0 MPa. These series were nominated as: TRC CYCL 0.5 MPa, TRC CYCL 1.0 Mpa, and TRC
CYCL 2.0 MPa.

Figure 7. Reference behavior of TRC coupons.

All specimens were loaded 100,000 cycles up to the specific stress level and unloaded to a stress
level above 0 MPa to avoid loading the specimens in compression. To compare the different series,
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focus was put on the evolution of some distinctive fatigue parameters during the cyclic loading:
the cycle modulus and the dissipative energy. The modulus per cycle was determined from the
hysteresis curve by linear regression and expressed relatively compared to the modulus of the first
cycle. The dissipative energy was calculated as the area enclosed by the loading–unloading curve of
each cycle. As for the modulus, this was expressed relatively compared to the energy dissipation of
the first cycle. The evolution of these different fatigue parameters was observed to be strongly related
to the formation of cracks. Without the occurrence of cracks, both the modulus and the dissipative
energy remained more or less constant (Figure 8a). Regardless of the applied maximum cycle stress
(1.0 MPa or 2.0 MPa), each formation of a crack led to a decrease of the modulus, together with an
increase in the dissipative energy (Figure 8b).

TRC CYCL. 1.0 MPa D TRC CYCL. 1.0 MPa B 

(a) (b)

Figure 8. The evolution of the modulus and the dissipated energy of representative TRC coupons
during the loading–unloading cycles: (a) an uncracked sample and (b) a cracked sample.

Using DIC enabled tracking and visualizing the crack patterns during the repeated loading tests.
The crack widths or crack openings were calculated using the displacement fields measured by the
DIC. The formation of cracks was related to the maximum cycle stress. The higher the maximum cycle
stress the higher the probability of forming cracks. TRC CYCL 0.5 MPa remained uncracked for all
six tested coupons. This stress level did not come near the cracking stress of the TRC equal to the
average reference cracking stress of 1.65 MPa, which was observed during the static tests. The cracking
phenomena of TRC have a very stochastic nature, resulting in a large variation on the first cracking
strength. A standard deviation of 0.54 MPa was determined, leading to a smeared range of 1.11 MPa
and 2.19 MPa. TRC CYCL 1.0 MPa and TRC CYCL 2.0 MPa were loaded closer to this range which
explains the larger probability of the occurrence of cracks. Two specimens of TRC CYCL 1.0 MPa
and one specimen of TRC CYCL 2.0 MPa remained uncracked (Table 5). Overall, more cracks were
observed for TRC CYCL 2.0 MPa. The outlier is specimen A of TRC CYCL 1.0 MPa, in which 22 cracks
were observed after the cyclic preloading. No clear explanation could be found for this; damage caused
during manufacturing is the most probable cause for this distorted behavior.

Table 5. Number of cracks formed during cyclic preloading of the TRC coupons.

Specimen
TRC CYCL

0.5 MPa
TRC CYCL

1.0 MPa
TRC CYCL

2.0 MPa

A 0 22 7
B 0 8 12
C 0 0 10
D 0 0 0
E 0 5 16
F 0 1 1
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Once a crack was formed, its width tended to stabilize. Both for TRC CYCL. 1.0 MPa as for TRC
CYCL. 2.0 MPa, the crack width increased during the first hundred cycles but stabilized afterwards.
As an example, the evolution of the crack width was shown for a sample subjected to a maximum
cycle stress of 1.0 MPa (Figure 9).

TRC CYCL. 1.0 MPa B 

Figure 9. Evolution of the crack width of some representative cracks formed during cyclic loading of
TRC coupons.

After passing all loading cycles, a static test as described in Section 2.3.1 was performed to
determine the residual capacity of the TRC coupons. The stresses were calculated using the nominal
dimensions of the coupons, the strains were measured using DIC over a length of 320 mm. The obtained
stress–strain curves were grouped per series. In Figure 10 one can see that the residual behavior was
only slightly affected for series TRC CYCL 0.5 MPa. As shown in Table 5 no cracks were induced during
the cyclic loading. The formation of cracks was found as the only degradation fatigue mechanism,
leading directly to the explanation of the observed residual behavior: both the modulus, as the strength
were comparable to the reference behavior (Table 6). The only difference between the residual curves
and the reference one was found in the multiple cracking stage. As can be seen in Table 6, more cracks
were formed for TRC CYCL 0.5 MPa samples compared to REF, which could explain the limited stress
increase during the multiple cracking stage, and, thus, the shifted stress–strain curves.

Figure 10. Residual behavior of TRC CYCL. 0.5 MPa.
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Table 6. Quantitative comparison of some distinctive parameters of the static tensile stress–strain curve:
the average reference versus the specimens cyclically preloaded to 0.5 MPa.

Specimen
E1

GPa
E3

GPa

σcrack

MPa
σultimate

MPa

# Cracks

After Cyclic
Preloading

At Failure

REF
avg 11.38 0.41 1.65 7.49 - 13

st dev 1.94 0.018 0.54 0.52 - 2

CYCL.
0.5 MPa

A 8.99 0.45 2.19 6.44 0 14
B 15.32 0.49 1.85 7.22 0 11
C 11.74 0.37 1.49 6.43 0 19
D 14.60 0.43 1.38 7.40 0 19
E 9.22 0.48 1.96 7.07 0 14
F 12.64 0.43 2.30 7.32 0 17

avg 12.08 0.44 1.86 6.98 - 16
st dev 2.42 0.038 0.34 0.40 - 3

As the maximum stress to which the TRC coupons were cyclically loaded was increased for series
TRC CYCL 1.0 MPa and TRC CYCL 2.0 MPa, so did the probability to the formation of cracks. Once
a crack was formed, this directly resulted in a decrease of E1 measured in the residual stress–strain
behavior. The more cracks are formed, the lower E1. Since this initial modulus was very dependent
on the occurrence of cracks, a large scatter exists on the results and the average value of E1 was not
representative and, therefore, not displayed in Tables 7 and 8. A specimen fully saturated with cracks
showed a linear behavior in the static tests, for example, specimen A in Figure 11 and specimen E in
Figure 12. For these specimens, few extra cracks were formed during the static tests and the residual
behavior was characterized with a modulus equal to E3 (Tables 7 and 8). The cyclic preloading did not
affect the modulus in the last branch, E3 (Tables 7 and 8). Overall, the ultimate strength was lowered
after subjection to loading cycles up to 1.0 MPa (Table 7) and 2.0 MPa (Table 8). However, no clear link
was found between the number of cracks and the ultimate strength.

Figure 11. Residual behavior of TRC CYCL. 1.0 MPa.
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Table 7. Quantitative comparison of some distinctive parameters of the static tensile stress–strain curve:
the average reference versus the specimens cyclically preloaded to 1.0 MPa.

Specimen
E1

GPa
E3

GPa

σcrack

MPa
σultimate

MPa

# Cracks

After Cyclic
Preloading

At Failure

REF
avg 11.38 0.41 1.65 7.49 - 13

st dev 1.94 0.018 0.54 0.52 - 2

CYCL.
1.0 MPa

A 0.48 0.48 - 5.55 22 24
B 0.92 0.49 2.41 5.92 8 14
C 8.37 0.39 1.53 5.49 0 22
D 12.27 0.45 1.63 7.20 0 14
E 0.91 0.41 1.70 8.25 5 29
F 2.59 0.41 1.20 7.41 1 28

avg - 0.44 1.69 6.64 - 22
st dev - 0.037 0.40 1.04 - 6

Figure 12. Residual behavior of TRC CYCL. 2.0 MPa.

Table 8. Quantitative comparison of some distinctive parameters of the static tensile stress–strain curve:
the average reference versus the specimens cyclically preloaded to 2.0 MPa.

Specimen
E1

GPa
E3

GPa

σcrack

MPa
σultimate

MPa

# Cracks

After Cyclic
Preloading

At Failure

REF
avg 11.38 0.41 1.65 7.49 - 13

st dev 1.94 0.018 0.54 0.52 - 2

CYCL.
2.0 MPa

A 0.84 0.42 2.30 6.74 7 22
B 0.65 0.48 2.13 6.48 12 19
C 0.81 0.43 2.41 5.65 10 20
D 13.06 0.47 2.66 5.88 0 10
E 0.48 0.42 2.42 6.68 16 24
F 4.76 0.48 2.24 7.13 1 11

avg - 0.45 2.36 6.43 - 18
st dev - 0.029 0.17 0.51 - 5
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Monitoring the static tests up to failure with DIC measurements enabled to map cracking patterns
and measure crack widths and spacings. The average, maximum and total crack widths were
calculated from the measured displacement fields for each specimen separately at different stress levels.
In addition to the crack spacing itself, the cumulative frequency was also determined to quantify the
degree of saturation, i.e., the ratio of actually formed cracks to the total number of cracks at failure.
To compare the different series to the reference behavior, the average per series was calculated out of
the average and total crack width, the crack spacing and the cumulative frequency. For the maximum
crack width, the absolute maximum crack width observed over all specimens within one series was
determined. The maximum crack width is an important parameter for designing concrete building
elements regarding durability measures, decisive for the ingress of aggressive materials.

Looking at the cumulative frequency one could observe that more cracks were formed at lower
stress levels for TRC CYCL 0.5 MPa, TRC CYCL 1.0 Mpa, and TRC CYCL 2.0 MPa., while for TRC
REF 20% of the total amount of cracks were still formed at stress levels above 4.0 MPa (Figure 13a).
The crack spacing showed a discrepancy between TRC REF and TRC CYCL 0.5 MPa versus TRC CYCL
1.0 MPa and TRC CYCL 2.0 MPa (Figure 13b) again. For TRC CYCL 1.0 MPa and TRC CYCL 2.0 MPa
cracks originated at lower stress levels leading to a diminished crack spacing. As observed for the
cumulative frequency, the crack patterns of the cyclically preloaded series were nearly complete at the
stress level of 2.5 MPa. At all stress levels, the crack spacing of these series was lower compared to
TRC REF, leading to the conclusion that more cracks were formed for TRC CYCL 0.5 MPa, TRC CYCL
1.0 Mpa, and TRC CYCL 2.0 MPa.

(a) (b)

Figure 13. The number of cracks present in the different samples was used to compare: (a) the average
cumulative frequency and (b) the average crack spacing.

Other than for TRC REF and TRC CYCL 0.5 MPa, TRC CYCL 1.0 Mpa, and TRC CYCL 2.0 MPa
showed cracks already at stress levels lower than 1.0 MPa (Figure 14), as a consequence of the fact that
cracks were already formed during the cyclic preloading. This is displayed for all studied parameters.
Looking at the average crack width, a discrepancy was observed for stress levels below 2.0 MPa and
above 2.0 MPa: at lower stress levels, TRC CYCL 1.0 MPa and TRC CYCL 2.0 MPa had a higher average
crack width, while for higher stress levels, wider cracks were measured for TRC REF and TRC CYCL.
0.5 MPa (Figure 14a). The same tendency was seen for the maximum crack width but less pronounced
(Figure 14b). Since this maximum crack width was strongly related to the durability requirements, one
could state that the impact of repeated loading on durability measurements is little. The lowest total
crack width was observed for TRC REF and this at all stress levels. (Figure 14c).
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(a) (b)

(c) 

Figure 14. The cracking patterns of the different series were compared using the: (a) the average crack
width, (b) the maximum crack width and (c) the total crack width.

3.2. Investigations on Sandwich Beams

In addition to the fatigue behavior of TRC coupons under tensile loading, the fatigue behavior
in bending of sandwich (SW) beams with TRC faces was investigated. In total 13 beams were tested.
To determine the virgin, reference behavior of the panels (SW REF), five samples were tested with
a quasi-static four-point bending test, as described in Section 2.3.2. The other beams were subjected
to a cyclic preloading, divided into two different series analogous to the experiments on the TRC
coupons. Since no influence was observed for a cyclic preloading of the coupons up to 0.5 MPa this
was excluded from further experiments. The stress levels of 1.0 MPa and 2.0 Mpa, respectively, in the
tensile face were converted to equivalent loads for the sandwich beams using a validated numerical
model [33], respectively, 0.5 kN and 1.0 kN. These beams will be referred to as SW CYCL 1.0 MPa and
SW CYCL 2.0 MPa. Similar to the coupons, the typical hysteresis curve was analyzed by comparing
some fatigue parameters. The cycle stiffness and the dissipated energy were calculated similarly as
explained in Section 3.1.

The evolution of the stiffness and the dissipated energy show the same trends as for the coupons.
The stiffness and the dissipated energy evolved in the opposite direction and directly linked to the
formation of cracks. For uncracked specimens, they remained constant (Figure 15a). The occurrence
of a crack was accompanied by a drop in stiffness and a jump in dissipated energy, as was seen for
sample SW CYCL. 2.0 MPa A at cycle 93.000 in Figure 15b.

Overall, fewer cracks were observed for the sandwich bending tests (Table 9) compared to the
coupon uniaxial tensile tests. A possible reason for this was the different anchorage length in the
different configurations. When applied in the sandwich beam, the textile was embedded over a longer
length in the matrix, leading to a better anchorage. In addition, the presence of the insulating core
could have had a beneficial effect, the bond between the EPS-core and the TRC faces restricted the
crack widths.
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SW CYCL. 1.0 MPa C SW CYCL. 2.0 MPa A

(a) (b)

Figure 15. The evolution of the stiffness and the dissipated energy of sandwich beams during the
loading–unloading cycles: (a) an uncracked sample and (b) a cracked sample.

Table 9. Number of cracks formed during cyclic preloading of the sandwich beams.

Specimen
SW CYCL
1.0 MPa

SW CYCL
2.0 MPa

A 0 2
B 0 1
C 0 2
D 0 6

Similar to the TRC coupons, once a crack was formed in the tensile face of the sandwich beam,
its width increased during the first subsequent thousand cycles but stabilized gradually afterwards
(Figure 16). The occurrence of cracks was the only observed damage mechanism, the core and the
face-core interface were not affected. The fatigue behavior of the sandwich beams was dependent on
the behavior of the TRC faces.

SW CYCL. 2.0 MPa A 

Figure 16. Evolution of the crack width of some representative cracks formed during cyclic loading of
sandwich beams.
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After the loading–unloading cycles, the residual static behavior was quantified by means of
a quasi-static four-point bending test. As for the TRC coupons, the only observed degradation
phenomenon was the formation of cracks. For SW CYCL 1.0 MPa no cracks were observed during the
cyclic loading and, thus, the residual behavior was very similar to the behavior of SW REF (Figure 17).
As can be seen in Table 10 both the stiffness and strength of SW REF and SW CYCL. 1.0 MPa were
situated in the same range.

Figure 17. Residual behavior of SW CYCL. 1.0 MPa.

Table 10. Quantitive comparison of some distinctive parameters of the static load-displacement curve:
the average reference versus the beams cyclically preloaded to 1.0 MPa.

Specimen
S1

kN/mm
S3

kN/mm
Pcrack

kN
Pultimate

kN

# Cracks

After
CyclicPreloading

At Failure

REF
avg 0.451 0.098 1.12 4.99 - 17

st dev 0.009 0.002 0.27 0.45 - 4

SW CYCL.
1.0 MPa

A 0.437 0.091 1.42 3.95 0 12
B 0.474 0.090 1.89 5.14 0 13
C 0.418 0.091 0.98 5.35 0 13
D 0.488 0.090 1.04 4.62 0 13

avg 0.454 0.090 1.34 4.76 - 13
st dev 0.028 0.000 0.36 0.54 - 0

All specimens of SW CYCL 2.0 MPa showed cracks after subjection to the loading cycles (Table 11).
However, the occurrence of cracks had a smaller impact on the initial stiffness S1 compared to cracked
TRC coupons. The stiffness in the last branch S3 was not affected by the cyclic preloading. The average
ultimate capacity was 23% lower for the SW CYCL sandwich beams compared to the SW REF beams
(Figure 18).
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Figure 18. Residual behavior of SW CYCL. 2.0 MPa.

Table 11. Quantitive comparison of some distinctive parameters of the static load-displacement curve:
the average reference versus the beams cyclically preloaded to 2.0 MPa.

Specimen
S1

kN/mm
S3

kN/mm
Pcrack

kN
Pultimate

kN

# Cracks

After
CyclicPreloading

At Failure

REF
avg 0.451 0.098 1.12 4.99 - 17

st dev 0.009 0.002 0.27 0.45 - 4

SW CYCL.
2.0 MPa

A 0.412 0.082 1.25 3.60 2 9
B 0.455 0.097 1.36 4.15 1 10
C 0.336 0.086 1.32 3.11 2 15
D 0.254 0.096 1.22 4.52 6 24

avg - 0.090 1.29 3.84 - 15
st dev - 0.006 0.055 0.54 - 6

As shown in Figure 5, a part of the tensile face was monitored using DIC. An analysis of the
cracks was performed as for the TRC coupons. However, due to the narrow area of interest of the
DIC a limited amount of the cracks was captured, and, thus, only the maximum crack width was
looked at. The evolution of the maximum crack width of SW REF and SW CYCL 1.0 MPa was very
similar (Figure 19). SW CYCL 2.0 MPa showed larger crack widths for all load levels, which could
be attributed to the occurrence of cracks during the cyclic preloading and the inherent debonding
between fibers and matrix. This observation did not match the results of the TRC coupons, no increase
of the maximum crack width was seen for TRC CYCL. 2.0 MPa. For the moment no clear reasoning
could be made regarding this particular discrepancy between TRC coupons and SW beams.
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Figure 19. The maximum crack width observed in the sandwich beams per series.

4. Conclusions

This paper investigated the fatigue behavior of TRC and of sandwich panels with faces made of
TRC. Uniaxial tests were performed on rectangular TRC coupons, in total 27 specimens were fabricated
and tested, divided into four series: one reference series and three series which were cyclically
preloaded up to different stress levels (0.5 MPa, 1.0 Mpa, and 2.0 MPa). In addition, 13 sandwich
beams were tested by means of a four-point bending test. Three different series were considered:
one reference series and two series cyclically preloaded up to the corresponding stress level (1.0 MPa
and 2.0 MPa) in the tensile face of the sandwich beam. Afterwards, all specimens (incl. the reference
specimens) were loaded up to failure. All tests, both cyclic and static, were monitored with DIC to
map the cracking patterns and to measure the actual crack widths.

A large similarity was observed between the experiments on the material level and the
experiments on the element level. One could conclude that the fatigue behavior of the sandwich
panels was strongly dependent on the fatigue behavior of the TRC faces. No degradation was observed
in the core, nor in the interface between core and faces. The sandwich beams were less sensitive to
the formation of cracks and degradation of the mechanical behavior compared to the TRC coupons.
Possible reasons could be found in the different anchorage length of the textiles and in the presence of
EPS-core; the bond between EPS and TRC restricted the crack widths.

Fatigue parameters as cycle modulus and dissipative energy were investigated. All of them were
related to the occurrence of cracks, which was the only observed damage mechanism: if no cracks were
formed during the loading–unloading cycles, the parameters remained constant. In the presence of
cracks, a decrease of the modulus and an increase of the dissipative energy and residual accumulative
strains was observed. The modulus/stiffness and dissipative energy evolved in the opposite direction.
Once a crack originated during the cyclic loading, its width grew during the first subsequent cycles
but evolved asymptotically. The formation of cracks was governed by the maximum cycle stress.
The higher the latter, the larger the probability of the occurrence of cracks.

The residual capacity of the cyclically preloaded specimens was compared to a virgin reference
behavior, obtained with identical experimental set-ups. Samples which remained uncracked after being
subjected to the repeated loading conditions had a residual behavior equal to the reference behavior.
The presence of cracks was reflected in the residual behavior by a lower initial modulus/stiffness.
After being fully saturated with cracks, the remaining modulus is only dependent on the modulus
of the fibers. This modulus remained unaffected leading to the conclusion that the fibers were not
degraded by the cyclic preloading. The ultimate capacity was degraded little after subjection to
repeated loading conditions. No clear relation was observed between the occurrence and number of
cracks and the loss of ultimate capacity.
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Abstract: For the economical construction of fatigue loaded structures with textile reinforced concrete
(TRC), it is necessary to investigate the fatigue behavior of the materials. Since next to the tensile
load-bearing behavior, the bond behavior of a material is crucial as well, the present paper deals with
the bond fatigue of TRC with epoxy-impregnated carbon textiles. First, static tests are carried out to
determine the sufficient anchorage length of the investigated material combination. Afterwards, the
influence of cyclic loading on the necessary anchorage length, deformation, stiffness, and residual
strength is investigated. The results of the cyclic tests are summarized in stress-number of cycles to
failure (S-N) diagrams. In the end, it can be said that the cyclic loading has no negative impact on the
necessary anchorage length. If specimens withstand the cyclic loading, there is no difference between
their residual strength and the reference strength. The failure of specimens occurs only at high load
levels, provided that the anchorage length is sufficient.

Keywords: textile reinforced concrete; carbon reinforced concrete; TRC; CRC; bond; fatigue; carbon
textile; epoxy impregnation; test setup

1. Introduction

Textile reinforced concrete (TRC) has been under investigation for about two decades now. During
this time, it was used—among other applications—for the construction of several bridges, e.g., [1–9].
Whilst the pedestrian bridges were built without prior separate fatigue investigations, the fatigue
resistance of the road bridges was tested in the laboratory on true scaled structures. However, it would
be uneconomical to perform a fatigue test on an entire structure every time. Therefore, it is necessary to
have a closer look at the fatigue behavior of textile reinforced concrete. This is among other things the
objective of the research projects C3-V1.2 and C3-V2.1, belonging to the research program C3–Carbon
Concrete Composite [10].

Currently, there are already some investigations on the tensile fatigue behavior of TRC. In [11–14],
tensile fatigue tests with different carbon textiles were carried out, and in [15], the tensile fatigue
behavior of an alkali-resistant glass textile was investigated. Since the high tensile strength of technical
textiles is only advantageous when the occurring forces can be transmitted from the concrete to the
textile, the bond behavior of TRC should not be ignored. As the authors don’t know any research
concerning the topic of bond fatigue of TRC, our own investigations were carried out and are presented
in this paper.

For the investigation of bond fatigue, a suitable test setup was developed [16]. Whilst here
flexible carbon textiles with a styrene-butadiene impregnation were tested, the applicability of the
test setup also for stiff carbon textiles with an epoxy impregnation was proved in [17]. On the basis
of this research, more precise investigations on the influence of load level and anchorage length on
deformation, stiffness, and number of cycles to failure were done. The results are presented in the
following sections.
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2. Materials and Methods

2.1. Materials

The investigations were made with a material combination that is usually used for newly built
structures out of TRC. As reinforcement, a stiff carbon textile impregnated with epoxy resin was
used and embedded in a high-strength concrete. Figure 1 shows the biaxial textile (solidian GRID
Q95/95-CCE-38) from solidian GmbH with a 38-mm axial fibre strand distance in both directions [18].
More information about the textile is shown in Table A1 in Appendix A.

 
Figure 1. Carbon textile impregnated with epoxy resin.

The related high-strength concrete (HF-2-145-5) was specially developed for use in TRC [19].
The maximum grain size was 5 mm, and was realized by grit instead of gravel. Further information on
the composition can be found in Table A2. The average compressive strength and flexural strength of
tested specimens at the age of 28 days was 127 N/mm2 and 12 N/mm2, respectively. The values were
determined on three prisms (40 × 40 × 160 mm) according to [20].

2.2. Samples

As no standard for TRC exists yet, the geometry of the specimens was chosen according to testing
recommendations for TRC [21], which were created in a previous research project of the research
programme C3. The specimens were 110 mm wide and 30 mm thick. The anchorage length was varied,
so that the specimens had lengths between 76–304 mm. The samples were centrally reinforced with
one textile layer with three fiber strands in the longitudinal direction.

They were manufactured in coated timber formworks (Figure 2a). First, huge concrete panels with a
size of 990 mm × 380 mm × 30 mm were casted. During the casting process, the textile was clamped at
two sides to fix it in its position. After casting, the panels were left in the formwork for one day covered
with foil. Afterwards, they were stored in water until the seventh day after casting. From here until
testing, they were stored in a climate chamber at a temperature of 20 ◦C and 65% relative humidity. Before
the testing, at a minimum age of 28 days, the specimens were sawed out of the panels (Figure 2b).

2.3. Test Setup

The test setup for the investigation of the bond bearing behavior of the chosen material combination
is known as the ‘double-sided textile pull-out (DPO) test’ (Figure 3a). Initially, the test was developed at
RWTH Aachen University, e.g., [22], for the determination of the needed anchorage length. Stuck steel
plates define the investigated anchorage length on both ends of the specimen. A small gap between
the steel plates works as a predetermined breaking point in the middle of the specimen. By pulling the
steel plates apart, tension is initiated in the specimen and hence in the textile as well. If the textile
ruptures, the chosen anchorage length was long enough to transfer the complete tensile load. If bond
failure occurs and the textile, e.g., pulls out, the anchorage length was too short. The applicability of
the test setup for fatigue tests was investigated e.g., in [16].
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(a) (b) 

Figure 2. Manufacturing of the specimens: (a) Casting of huge panels; (b) Sawing out of specimens
(exemplary cut).

  
(a) (b) 

Figure 3. Test setup for static and cyclic double-sided textile pull-out (DPO) tests: (a) Specimen
geometry; (b) Testing machine with specimen.

The tests were carried out in a servo-hydraulic tension testing machine with accuracy class 1 and
a load capacity of 100 kN for cyclic tests. During the tests, the machine force was recorded by a load
cell. The deformation of the specimen at the predetermined breaking point was measured by two
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extensometers, which were fixed on the steel plates on both sides of the specimens. In the cyclic tests,
the number of load cycles was recorded as well.

2.4. Load Regime and Experimental Program

In order to define the load levels of the cyclic tests, first the reference strength had to be determined.
As in the cyclic tests, the influence of cyclic loading on the necessary anchorage length ought to be
investigated. The static reference tests were done with different anchorage lengths as well, which
were defined as a multiple of the fiber strand distance, a. There were four different anchorage lengths
varying between 1a–4a. The minimum number of specimens per length was 10. The average value per
length was set as the reference strength for the cyclic tests.

The load regime for the cyclic tests was the following. First, the specimen was loaded
path-controlled up to a defined mean stress. Thereby, it was important that the crack in the middle of
the specimen had completely developed. Afterwards, the cyclic loading was started, force-controlled
with a sinusoidal oscillation and constant amplitude. The load frequency was 12 Hz. The maximum
number of load cycles was set to 2 × 106 to limit the duration of the test, and because this is a usual
choice for cyclic tests with concrete or steel. Afterwards, runouts that withstood the cyclic loading
were tested path-controlled until failure to determine their residual strength.

To reduce the amount of data, measurements, e.g., the force and deformation during the cyclic
loading, were done in intervals. After a defined period of time, 800 measuring values were recorded
with a measuring rate of 400 Hz. The duration of this period increased over the course of the cyclic
testing: during the first load cycles, every measuring point was recorded, until approximately the
5000th load cycle, the period was 10 seconds; until 30,000 load cycles, it was three minutes, and
afterwards, it was 15 min.

The experimental program is shown in Table 1. Per anchorage length, two different minimum
stresses σmin were investigated with different related maximum stresses σmax. The load levels are
specified as a percentage of the reference strength. As one of the goals of the research project C2-V2.1 is
to create stress-number of cycles to failure (S-N) diagrams for TRC, load levels had to be chosen that
lead to the failure of the specimens. Since preliminary tests showed that only high amplitudes cause
failure, a maximum σmin of 50% was set. The second σmin of 30% was chosen as a compromise between
the distance of the two investigated minimum stresses and the limit of the testing machine (regarding
the combination of amplitude and frequency). The related maximum stress was increased after each
test series, with the aim to force the failure of the specimens. Each test series contained four specimens.
However, especially in test series with short anchorage lengths, some specimens failed already during
the static loading up to the mean stress. So, these specimens could not be taken into account in the
evaluation in the following section.

Table 1. Experimental program.

Anchorage Length
Number of Tested (Evaluated *) Specimens at Load Level σmin/σmax [%]

30/90 30/95 50/70 50/85 50/90

1a 4 (3) 4 (2) 4 (2) 4 (2) 4 (3)
2a 4 4 (3) 4 4 4 (3)
3a 4 4 4 4 4
4a 4 4 4 4 4

* If different to number of tested specimens.

3. Results

3.1. Reference Tests

The results of the reference tests with different anchorage lengths are displayed in Figure 4. Here,
one can see the reached maximum stress and the related measured anchorage length per specimen.
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Additionally, the average tensile strength (grey line) and the range of variation of this material
combination (grey area) can be seen. These values were determined in tensile tests according to [23].

 
Figure 4. Maximum reached stresses in static double-sided textile pull-out (DPO) tests with different
anchorage lengths.

It is clearly visible that the maximum textile stress increases with increasing anchorage length.
However, the increase stops at the anchorage length of 3a, and the specimens with 4a anchorage length
reach nearly the same values as the ones with 3a. One may assume that an anchorage length of 3a is
sufficient to transfer the maximally possible bond force of this material combination and that longer
anchorage lengths do not lead to higher loads. None of the specimens failed due to textile rupture, but
rather by spalling in the reinforcement layer. Therefore, the maximally reached values are lower than
the tensile strength. However, the values are quite close to the range of variation of the tensile strength,
and therefore, the results are considered acceptable for the moment.

3.2. Cyclic Stress–Strain Behavior

In Figure 5, exemplary stress–deformation curves of a non-failed and a failed specimen are shown.
Furthermore, the curves of the reference tests are displayed in the background. Both specimens were
tested at the same load level, which was located in the transition area to the fatigue strength. This area
is usually characterized by the simultaneous appearance of failed and non-failed specimens, as well
as a large scattering in the number of cycles to failure. In the present diagrams, specimens with an
anchorage length of 3a were chosen. Examples for cyclic stress–deformation curves of specimens with
shorter or longer anchorage lengths are shown in Appendix B, Figures A1–A3.

Generally, the cyclic stress–deformation curves consist of three different sections. The first section
includes the static loading up to the required mean stress and the formation of the crack in the
predetermined breaking point. Therefore, the shape of this section of the curve follows that of the
reference tests. The second part of the curve starts with the beginning of the cyclic loading. The increase
and decrease of the stress during the cyclic loading are clearly visible. At the same time, the deformation
increases with an increasing number of load cycles. In the case that the specimen fails due to the cyclic
loading (in the present investigations, failure occurred in the form of splitting in the reinforcement
layer), the cyclic stress–deformation curve ends up at this point (Figure 5b). If the specimen survived
(Figure 5a), there is a third section of the stress–deformation curve. Due to the stopping of the testing
machine after reaching the required number of load cycles, the third section of the curve begins with a
decrease of stress and deformation. Afterwards, the residual strength of the specimen is determined
statically. Therefore, the stress–deformation curve increases steeply until the failure of the specimen.
Hereby, this part of the curve approximates the curves of the reference tests (grey in Figure 5), and its
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slope—and thus the stiffness of the specimens—was nearly the same or even steeper (higher stiffness),
compared to the reference tests.

(a) (b) 

Figure 5. Cyclic stress–deformation curves (here: anchorage length = 3a; σmin/σmax = 30%/90%):
(a) non-failed specimen; (b) failed specimen (load cycles: 57733).

3.3. Development of Deformation

3.3.1. General Remarks

The development of deformation during the cyclic loading can be shown in cyclic creep curves.
According to e.g., [24,25], these curves are divided into three sections. In the first section, the
deformation increases rapidly and non-linearly. Afterwards, in section two, the curve increases linearly
and less steeply. Section three is also called the beginning of fatigue failure; it is characterized by a
non-linear and rapid increase again. The end of section three and thereby also the cyclic creep curve is
marked by the failure of the specimen.

To investigate the deformation behavior of the tested specimens, their cyclic creep curves were
compared. Therefore, the average deformation of the two extensometers at mean stress is shown as a
function of normalized load cycles, whereby “0” marks the beginning of the cyclic loading. Due to the
measurement at intervals, curves of specimens with a very small number of cycles to failure consist of
just a few measuring points, and in most cases, their failure was not recorded. For this reason, these
curves are shown just until the last measuring point during the cyclic loading.

Exemplary, Figure 6 displays the cyclic creep curves of a failed and a non-failed specimen with
the same anchorage length and load level. As one can see, the first two sections of the cyclic creep
curve are clearly visible. Remarking on section three is not that simple with the present investigations,
because the failure of the specimens mostly was not recorded. Assessing specimens that failed at a
quite high number of load cycles, nearly none, or if any, just a low non-linear increase in deformation
can be noticed before failure, which means that failure occurs quite abruptly.

As one can see also in Figure 6, the absolute value of deformation is no indicator of impending
failure, because the non-failed specimen reached higher deformations than the failed one with the
same anchorage length and load level.

3.3.2. Dependence on Load Level

To investigate the influence of the load level on the deformation of the specimens, the cyclic creep
curves of specimens with the same anchorage lengths are compared in Figure 7. Here, specimens with
an anchorage length of 3a are shown as examples. Figure 7a shows the creep curves of specimens with
a minimum stress of 30% and maximum stresses of 90% and 95%, respectively. Figure 7b shows curves

106



Appl. Sci. 2019, 9, 1980

of specimens with 50% minimum stress and different maximum stresses between 70–90%. Failed
specimens are illustrated by dashed lines. Curves of specimens with other anchorage lengths are
shown in Figure A4 in Appendix B.

 
Figure 6. Comparison of cyclic creep curves of a failed and a non-failed specimen (here: anchorage
length = 4a; σmin/σmax = 30%/95%).

 

(a) (b) 

Figure 7. Comparison of normalized cyclic creep curves depending on the load level (here: anchorage
length = 3a): (a) 30% minimum stress; (b) 50% minimum stress.

One can see that deformations become larger with increasing maximum stress. However, not only
the maximum stress itself, but also the related amplitude σa affects the amount of deformation. That
means, regarding e.g., load levels 30/90 and 50/90 in Figure 8 (showing the same curves as Figure 7 but
depending on the amplitude), specimens with the same maximum stress but a higher amplitude (viz.
a lower minimum stress) show higher deformations than the ones with a lower amplitude. In addition,
it can be seen that not only do deformations become larger with higher amplitudes, but the slope of
section two of the cyclic creep curve also becomes steeper.

3.3.3. Dependence on Anchorage Length

Now, the influence of the anchorage length on the deformation is regarded. Therefore, the four
different investigated anchorage lengths were compared at several load levels. Figure 9 shows an
example of the cyclic creep curves at a load level of 50/85. The comparison of the creep curves at other
load levels is shown in Figure A5. Again, failed specimens are marked by dashed lines.

107



Appl. Sci. 2019, 9, 1980

 
Figure 8. Comparison of normalized cyclic creep curves depending on the amplitude (here: anchorage
length = 3a).

 
Figure 9. Comparison of normalized cyclic creep curves of different anchorage lengths at similar load
level (here: σmin/σmax = 50%/85%).

In Figure 9, it can clearly be seen that the deformation increases with increasing anchorage length.
However, the difference between the deformation of specimens with 1a and 2a as anchorage lengths is
larger than the difference between specimens with 2a and 3a. Finally, the deformations of specimens
with anchorage lengths of 3a and 4a show no differentiation anymore. The reason for this is to be
found in the absolute reference strengths, increasing non-linearly with increasing anchorage length
(see Section 3.1).

3.4. Development of Stiffness

3.4.1. General Remarks

The development of the stiffness of a specimen can be described by regarding the development of
the secant modulus. According to [26], the secant modulus describes the slope of the secant between the
maximum and minimum point of a hysteresis loop, and can be determined separately for every single load
cycle (Figure 10) [27]. In contrast to [26], in the present investigations, deformations instead of elongations

are indicated. Therefore, the physical unit of the secant modulus is
N

mm2
mm instead of N

mm2 (see also [16]).
To compare the absolute stiffnesses of several specimens, the development of their secant modulus

is shown as a function of normalized load cycles. Whereby, similar to the deformations, “0” marks
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the beginning of the cyclic loading. As already explained in Section 3.3.1, due to the measurement in
intervals, curves of failed specimens are only drawn until the last measuring point before failure.

 
Figure 10. Determination of the secant modulus.

3.4.2. Dependence on Load Level

The dependence of the stiffness on the load level is shown in Figure 11. As an example, here,
the curves of specimens with 3a as an anchorage length are shown. The evaluations for the other
anchorage lengths can be seen in Figure A6. Similar to the deformations, there is a clear relation
between the amplitude and the secant modulus, which becomes lower with increasing amplitude.
When calculating the secant modulus, the deformation is the denominator; hence, it is mathematically
justified that the secant modulus has to become lower with increasing amplitude (see also [16]), because
the deformation increases with increasing amplitude (see Section 3.3.2). Comparing the curves with
high amplitudes (blue and purple) with the ones with lower amplitudes (orange, yellow, and green),
one can see that—similar to the deformations—there is a difference in their decrease, which is lower in
the curves with lower amplitudes.

 
Figure 11. Comparison of the normalized development of the secant modulus depending on the
amplitude (here: anchorage length = 3a).

3.4.3. Dependence on Anchorage Length

Similar to the investigation of deformations, now the dependence of the absolute stiffness on the
anchorage length is regarded. Figure 12 shows the development of the stiffness of specimens with
the four investigated anchorage lengths at a load level of 50/85. The curves at the other load levels
can be found in Figure A7. As one can see, the absolute stiffness decreases with increasing anchorage
length. However, there is just a small increase between the specimens with 2a and 3a, and no increase
between the specimens with an anchorage length of 3a and 4a. The reason is also a mathematical one,
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remembering that the stiffness depends on the deformation, and that there was also nearly no increase
of deformation between specimens with an anchorage length of 2a and longer ones (see Section 3.3.3).

 
Figure 12. Comparison of the normalized development of the secant modulus of different anchorage
lengths at similar load level (here: σmin/σmax = 50%/85%).

3.5. S-N Diagram

The most common way of evaluating fatigue tests is to create S-N diagrams. Here, the number
of cycles to failure N at a defined load level S can be read off. Figure 13 shows the S-N diagram for
the present investigations. The two different minimum stresses are marked by two different colors.
The related maximum stresses can be seen at the y-axis. The different anchorage lengths are defined by
different symbols. Runouts are edged by a black line, and marked by an arrow with the number of
non-failed specimens. For a better understanding, the S-N diagram is broken down by the anchorage
lengths in Figure A8, and the results are listed in Table A3.

 
Figure 13. S-N diagram with relative maximum stresses for DPO tests with different anchorage lengths
and two different minimum stresses.

As one can see in Figure 13, there is only a very small number of failed specimens. Only at
high loads (σmax ≥85%) and with 1a as the anchorage length did failure occur rapidly and assuredly.
Specimens with anchorage lengths of 2a or longer failed seldom, and even at high loads (e.g., σmax =

95%), runouts occurred.
In the S-N diagram in Figure 14, the maximum stresses are shown as absolute stresses, ignoring

the different minimum stresses. Furthermore, the mean tensile strength and its range of variation and
the reference stresses of the different anchorage lengths are shown. It can clearly be seen that with
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shorter anchorage lengths (1a and 2a), the transmittable load is quite low. Only with anchorage lengths
of 3a or 4a can loads close to the tensile strength be reached. However, from 3a to 4a, no significant
increase in transmittable load can be noticed.

 
Figure 14. S-N diagram with absolute maximum stresses for DPO tests with different anchorage lengths.

3.6. Residual Strength

If specimens withstood the cyclic loading, their residual strength was tested subsequently.
In Figure 15, the residual strengths are compared to the reference strengths from Section 3.1. The results
above the grey line mean a higher residual strength compared to the reference strength, and the results
below the line mean a lower residual strength. Figure 15a displays the results of the specimens with a
minimum stress of 30%, and Figure 14b displays the ones with 50% minimum stress. Different symbols
stand for the different anchorage lengths, and the darker the color of the symbols, the higher the related
maximum stress. The single values of the results can also be found in Table A3.

(a) (b) 

Figure 15. Comparison of residual and reference stresses: (a) 30% minimum stress; (b) 50% minimum
stress.

As one can see in Figure 15, the residual strengths are higher or at least at the same level than the
reference strengths, and even high maximum stresses seem not to cause damage, leading to lower
residual strengths. That means that there is no negative impact on the load-bearing capacity of the
material by fatigue loading. A load increase after cyclic loading is not unusual, and is often noticed in
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fatigue experiments with several materials. A final explanation for this phenomenon has not been
found yet. In the present investigation, the reason for the load increase could be the activation of more
filaments in a fiber strand due to the cyclic loading. However, this theory still has to be proven.

In Figure 16, the dependence of the textile stress on the anchorage length, which is known from
Section 3.1, is supplemented by the determined residual stresses. The test results of the reference
stresses, all of them failed by splitting, are marked by grey rhombs, whilst orange rhombs mark the
splitted specimens in residual strength tests. If specimens in residual strength testing failed by textile
rupture, the results are displayed by red crosses.

 
Figure 16. Comparison of textile stresses and failure mechanisms in reference and residual strength
tests with different anchorage lengths.

As one can see, textile rupture only occurred at the long anchorage lengths of 3a or higher, where
the residual strengths reach the value of the mean textile stress. However, there was no dependence of
the failure mode on the applied load level. Furthermore, as splitting and rupture occur at the same
stresses, the failure mode is also not dependent on the value of the residual strength.

4. Summary, Conclusions, and Outlook

Regarding the results from Section 3, it can be stated that the cyclic loading has no negative
impact on the required anchorage length for the investigated material combination. This assertion is
justified by the following. First, there was no further increase in deformation when the anchorage
length was increased from 3a to 4a (Section 3.3.3). Additionally, there was no decrease in absolute
stiffness regarding these specimens (Section 3.4.3). Finally, in testing the residual strength, there was
no load increase from an anchorage length of 3a, and some of these specimens failed by textile rupture
at the level of the tensile strength, which is an indicator that the tested anchorage length is sufficient to
transfer the complete tensile load, even after cyclic loading.

In conclusion, it can be said that the bond fatigue behavior of the investigated material combination
is quite good, provided that the anchorage length is sufficient. The development of the deformation
and stiffness of a specimen during cyclic loading depends on the applied maximum load as well as on
the related minimum load (Sections 3.3.2 and 3.4.2). However, even at high maximum loads (e.g., σmax

= 95%), runouts occurred (Section 3.5). The tested residual strengths of runouts were generally higher
or at least at the same level than the reference strengths (Section 3.6). Regarding the stress–deformation
curves, the curve of the residual strength meets the curves of the reference tests again (Section 3.2);
thus—regarding runouts—no negative impact of the cyclic loading can be detected. However, as there
was nearly no third section of the observed cyclic creep curves of the failed specimen (Section 3.3.1),
one may assume that cyclic failure occurs quite abruptly without advance notice. For this reason, it is
strongly recommended to not extrapolate the S-N curves over the experimentally proven load levels.
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Whilst doing the above described investigations, the following concerning the use of DPO tests was
found by Schütze and Curbach in [28]: a material combination (carbon textile with polyacrylate-based
impregnation and fine grain concrete) usually used for the strengthening of existing reinforced concrete
structures was tested in static DPO tests. Independently of the anchorage length, all the specimens
failed due to splitting at quite low loads, and no increase of load with increasing anchorage length
could be detected. Firstly, it is assumed that due to eccentricity between the stuck steel plates and
the textile layer, there is a moment leading to splitting, and secondly, that the stuck steel plates block
the formation of cracks, except for the one in the middle of the specimen. At this point, the whole
deformation is concentrated, and the critical deformation, leading to splitting, is reached quite early.
The investigations with this material combination have shown that the DPO test only represents the
bond behavior of some specific situations, and cannot be used to determine the necessary anchorage
length for thin layers of this material combination. For this material combination, much more realistic
results were reached with an overlap test (e.g., according to [29]). Even though the findings in [28] were
made with a different material combination than in the research presented in Section 3, comparative
studies using overlap tests with the material combination described in Section 2 of the present paper
should be done to prove the obtained results.
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Appendix A. Materials

Textile “solidian GRID Q95/95-CCE-38”

Table A1. Characteristics of the textile (values according to [18]).

Longitudinal Transversal

Fiber strand distance [mm] 38 38
Cross-section of the strand [mm2] 3.62 3.62

Average tensile strength [N/mm2] 3200 3300
Modulus of elasticity [N/mm2] >220000 >205000

Concrete “HF-2-145-5”

Table A2. Composition of the concrete (values according to [19]).

Ingredients Quantity [kg/m3]

Binder 621
Quartz fine sand 250

Sand 0/2 530
Granite grit 2/5 837

Super-plasticizer 16
Water 145
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Appendix B. Results

Cyclic stress–deformation curves

(a) (b) 

Figure A1. Cyclic stress–deformation curves (here: anchorage length = 1a): (a) non-failed specimen;
(b) failed specimen (load cycles: 34323).

(a) (b) 

Figure A2. Cyclic stress–deformation curves (here: anchorage length = 2a): (a) non-failed specimen;
(b) failed specimen (load cycles: 5308).

(a) (b) 

Figure A3. Cyclic stress–deformation curves (here: anchorage length = 4a): (a) non-failed specimen;
(b) failed specimen (load cycles: 328198).
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Cyclic creep curves depending on the load level

(a) (b) 

(c)

Figure A4. Comparison of normalized cyclic creep curves depending on the load level: (a) anchorage
length = 1a; (b) anchorage length = 2a; (c) anchorage length = 4a.
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Cyclic creep curves depending on the anchorage length

(a) (b) 

(c) (d) 

Figure A5. Comparison of normalized cyclic creep curves depending on the anchorage length:
(a) σmin/σmax = 30%/90%; (b) σmin/σmax = 30%/95%; (c) σmin/σmax = 50%/70%; and (d) σmin/σmax =

50%/90%.
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Development of secant modulus depending on the load level

(a) (b) 

  
(c) 

Figure A6. Comparison of the normalized development of the secant modulus depending on the load
level: (a) anchorage length = 1a; (b) anchorage length = 2a; and (c) anchorage length = 4a.
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Development of secant modulus depending on the anchorage length

(a) (b) 

(c) (d) 

Figure A7. Comparison of the normalized development of the secant modulus depending on the
anchorage length: (a) σmin/σmax = 30%/90%; (b) σmin/σmax = 30%/95%; (c) σmin/σmax = 50%/70%; and
(d) σmin/σmax = 50%/90%.
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S-N diagram broken down by the anchorage lengths

(a) (b) 

(c) (d) 

Figure A8. S-N diagrams with relative maximum stresses and two different minimum stresses:
(a) anchorage length = 1a; (b) anchorage length = 2a; (c) anchorage length = 3a; and (d) anchorage
length = 4a.

Test results number of cycles to failure and residual strength

Table A3. Test results.

Anchorage
Length

Load Level
σmin/σmax

[%]

Number
of Cycles
to Failure

Residual
Strength
[N/mm2]

Anchorage
Length

Load Level
σmin/σmax

[%]

Number
of Cycles
to Failure

Residual
Strength
[N/mm2]

1a 30/90 532 - 2a 30/90 2009000 * 2296
13801 - 2009000 * 2567

2009000 * 1169 2009000 * 2677
30/95 39 - 2009000 * 2629

42 - 30/95 2009000 * 2447
50/70 2009000 * 976 2009000 * 2753

2009000 895 2009000 * 2961
50/85 5865 - 50/70 2009000 * 2501

2009000 * 1259 2009000 * 2536
50/90 2 - 2009000 * 2478

28112 - 2009000 * 2429
34323 - 50/85 5308 -

3a 30/90 41078 - 2009000 * 2683
57733 - 2009000 * 2449

2009000 * 2965 2009000 * 2447
2009000 * 3379 50/90 2009000 * 2137

30/95 378 2009000 * 2443
2009000 * 3083 2009000 * 2576
2009000 * 3326 4a 30/90 2009000 * 2897
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Table A3. Cont.

Anchorage
Length

Load Level
σmin/σmax

[%]

Number
of Cycles
to Failure

Residual
Strength
[N/mm2]

Anchorage
Length

Load Level
σmin/σmax

[%]

Number
of Cycles
to Failure

Residual
Strength
[N/mm2]

2009000 * 2844 2009000 * 3000
50/70 2009000 * 3015 2009000 * 3433

2009000 * 2930 2009000 * 3306
2009000 * 3101 30/95 328198 -
2009000 * 2944 2009000 * 3262

50/85 2009000 * 3107 2009000 * 3201
2009000 * 3039 2009000 * 2990
2009000 * 2964 50/70 2009000 * 2353
2009000 * 3257 2009000 * 2828

50/90 2009000 * 3311 2009000 * 2683
2009000 * 2949 2009000 * 3197
2009000 * 3206 50/85 2009000 * 3057
2009000 * 3348 2009000 * 3007

2009000 * 2615
2009000 * 3261

50/90 2009000 * 2994
2009000 * 3204
2009000 * 3077
2009000 * 3485

* Runout.
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Abstract: Textile Reinforced Mortar (TRM) is a composite material that has already been successfully
used as an externally bonded strengthening means of existing structures. The bond of TRM with
various substrates is of crucial importance for determining the degree of exploitation of the textile.
However, little is known on the effect of elevated/high temperatures on the TRM-to-substrate bond
characteristics while relevant testing protocols are also lacking. This study focuses on the experimental
assessment of the TRM-to-masonry bond after exposure of masonry wallettes unilaterally furnished
with TRM strips at 120 ◦C and 200 ◦C for 1 h. The shear bond tests on cooled-down specimens were
carried out using the single-lap/single-prism set-up. Two TRM systems were investigated sharing the
same type of textile, which is a dry AR glass fiber one (either in a single-layer or in a double-layer
configuration) and different matrices: one normal weight (TRNM) and another lightweight (TRLM)
of equal compressive strengths. At control conditions (non-heated specimens) and after exposure at a
nominal air temperature of 120 ◦C, both single-layer TRM systems exhibited similar bond capacities.
After exposure at a nominal air temperature of 200 ◦C single-layer and double-layer TRNM overlays
outperformed their TRLM counterparts. A critical discussion is based on phenomenological evidence
and measured response values.

Keywords: textile reinforced mortar; bond; masonry; normal weight/lightweight aggregates;
elevated temperatures

1. Introduction

TRM is an innovative composite material suitable for use as externally bonded strengthening
means for strengthening or rehabilitation of existing concrete [1] and masonry [2] structures. In the case
of masonry structures, and especially those of a monumental character, TRMs comprise an appealing
choice since they: (i) allow for minimal geometry and self-weight change of the strengthened structural
members, (ii) are chemically, physically, and mechanically compatible with various substrates, (iii) can
be reversible (to a certain extent), (iv) can be applied under low temperatures and/or high humidity
conditions, and (v) allow for vapor permeability of the substrate.

The quality of bond at both the TRM-to-substrate interface and the textile-to-matrix one is a
crucial parameter for the efficient use of this composite material and has received appreciable attention
from academia through a number of experimental studies that investigate the effect of individual
parameters on bond behavior [3–6]. Nevertheless, there is only a limited number of studies addressing
the effect of elevated or high temperatures (ranges being rather arbitrarily defined in each study)
on the bond characteristics of TRM systems. To the authors’ knowledge, only two studies exist that
focus on the experimental investigation of the residual bond capacity of TRM-to-masonry interfaces
after exposure to elevated/high temperatures. In the study of Maroudas and Papanicolaou [7], a TRM
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system consisting of a dry AR glass fiber textile embedded in a cementitious matrix was applied on
masonry wallettes made of solid clay fair-faced bricks. Single-lap/single-prism tests were conducted
after specimens’ exposure at 100 ◦C, 200 ◦C, and 300 ◦C for 1 h. It was concluded that the residual
shear load that can be undertaken by this type of TRM/masonry interfaces after exposure at 100 ◦C,
200 ◦C, and 300 ◦C amounts, respectively, to 65%, 60%, and 50% of the respective load reached ambient
conditions. In the study of Ombres et al. [8], various TRM systems were applied on masonry wallettes:
one made of PBO fiber textile and a cement-based matrix while two other were made of dry basalt fiber
textiles (of different aerial weight and grid spacing) and a lime-based mortar. Single-lap/single-prism
tests were conducted after specimens’ exposure at 100 ◦C, 150 ◦C, and 200 ◦C for 3 h. According to the
results, the bond response after specimens’ heating was affected by the fibers’ type and textiles’ density.
The residual shear bond load decreased by up to 50% and 90% in the case of PBO-TRM and ‘heavy’
basalt-TRM, respectively, while it remained almost unaffected in the case of the ‘light’ basalt-TRM
(‘light’ having half the aerial weight of ‘heavy’). Furthermore, a numerical model for the simulation
of TRMs’ bond behavior under different temperatures was proposed by Donnini et al. [9]. For the
calibration of the model, double-lap/single-prism shear bond tests were conducted (prisms, in this
case, standing for single bricks). The TRM systems comprised textiles with either uncoated (dry) or
epoxy-impregnated carbon fiber yarns embedded in a cement-based mortar. Specimens were tested
under two different regimes: (i) while, at 120 ◦C, being conditioned to the same temperature for a
duration of 100 min, and (ii) after exposure at 120 ◦C for 60 min. It was shown that—when tested under
the former heating regime—TRMs with impregnated yarns lost more than half of their bond capacity
while the TRMs with dry yarns remained almost unaffected. However, TRMs with impregnated yarns
retained almost all of their initial bond capacity when tested under the second heating regime. Lastly,
there exist two more studies presenting the results of shear bond tests carried out on concrete specimens
furnished with TRM strips both under and after their exposure to elevated/high temperatures. In the
study of Ombres [10], single-layered or double-layered TRM overlays consisting of PBO textile and
a cement-based matrix were applied on concrete prisms. Single-lap/single-prism shear bond tests
were conducted after specimens’ exposure at 50 ◦C and 100 ◦C for 8 h. The bond capacity of the
double-layered TRM strips was reduced for both exposure temperatures while the capacity of the
single-layered strip was negatively affected only for the higher exposure temperature. In the study of
Raoof and Bournas [11], TRM strips with three or four dry carbon textile layers were applied on concrete
prisms through a polymer-modified cementitious mortar for the realization of single-lap/double-prism
tests. Two testing procedures were followed. According to the first one, specimens were heated at a
target temperature (50 ◦C, 75 ◦C, 100 ◦C, 150◦C, 200 ◦C, 300 ◦C, 400 ◦C, and 500 ◦C) for 60 min and they
were then tested under the same temperature. These specimens were not seriously affected in terms
of TRM bond capacity up to a temperature of 400 ◦C while their bond load was less than or equal to
half of the untreated specimens’ load for a temperature of 500 ◦C. According to the second procedure,
specimens were loaded up to a certain percentage of their bond strength (25%, 50%, and 75%) at
ambient conditions and they were then heated up to failure (temperature at failure: approximately
300 ◦C when stressed to 25% and 50% of their bond strength and approximately 75 ◦C when stressed
to 75% of their bond strength).

Review of the existing literature on the topic reveals the lack of commonly accepted testing
protocols for the investigation of the heating effect on the TRMs’ shear bond performance (either
during or post heating) when bonded on various substrates. Temperatures examined are subjectively
characterized as ‘elevated’ or ‘high’ and heating regimes are arbitrarily selected, which renders
comparisons between different experimental campaigns difficult or even invalid. Specimens’ treatment
prior to testing with a special focus on the moisture content of the TRM overlay (but also of the
substrate) is yet another parameter that deserves special attention should rational testing procedures
be drafted. Once there, the role of bond critical parameters like the number of textile layers, the textile
geometry, the type of the matrix, and the type of substrate on heat-struck TRM/substrate joints remains
to be investigated.
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Although there is no clear definition of what is considered to be the range of “elevated temperatures”
as opposed to that of “high temperatures”, one would identify (from the available literature) 300 ◦C
as the boundary temperature between them. Realistic exposure conditions to higher (or much
higher) temperatures should be simulated with fire-resembling time-temperature histories (since
these temperatures are frequently the result of fire events). The “elevated temperatures” range is
of relevance when the aim is to assess the properties of concrete-like materials (TRM, in this case)
with surface temperatures close to the ones reached in this paper. Practical examples of situations
resulting into such surface concrete (TRM) temperatures are: (i) hot weather exposure (where concrete
surface temperatures close to 50 ◦C or higher can be recorded, [12]) and (ii) exposure to climatic
conditions inside nuclear reactor containments (where the maximum allowed—accident-inflicted or
short-term—surface temperatures on concrete elements is set to approximately 175 ◦C, [13]).

This paper presents the experimental assessment of the residual bond capacity of two externally
bonded TRM systems on masonry substrates post their exposure to elevated temperatures. To this
purpose, the single-lap/single-prism shear bond test set-up was employed due to its simplicity in terms
of specimens’ preparation and specimens’ handling during the heating treatment. Two TRM systems
were investigated to share the same type of textile, namely a dry fiber AR glass textile (either in a
single-layer or in a double-layer configuration) and different matrices: one normal weight and another
lightweight of equal compressive strengths. It is highlighted that this is one of the first publications
involving lightweight matrices for the design of TRM strengthening systems.

2. Materials, Specimens, and Experimental Program

2.1. Materials

2.1.1. Masonry

The masonry substrate was simulated by a wallette made of stack-bonded ridge-faced perforated
fired clay bricks and a cement/lime-based mortar. Bricks had a compressive strength of 5 MPa and
nominal dimensions 190 mm × 83 mm × 58 mm (as in length × width × height). Masonry joints were
approximately 10 mm thick and were made of an M10 general purpose masonry mortar, according to
the EC 6 classification [14], containing cement (CEM II 32.5N), lime, and sand in proportions 1:0.5:5,
by volume. The compressive strength and the elastic modulus of the wallettes normal to the mortar
joints were equal to 5.8 MPa (CoV 10%) and 3.2 GPa (CoV 19%), respectively, as determined by testing
and complying with the recommendation LUMB1 of RILEM TC 76 Reference [15].

2.1.2. TRM

The reinforcement was a woven textile consisting of dry AR glass fiber yarns equally arranged in
two orthogonal directions with a 17 mm mid-yarn spacing (yarns’ text being equal to 2450 g/km in both
directions) and an aerial weight of 300 g/m2. The textile’s tensile strength (ftex) and elastic modulus (Etex)
were determined through lab testing (partly as per standard EN ISO 13934-1 [16] provisions) using
seven yarns’ strips and were found equal to 505 MPa (CoV 11%) and 83 GPa (CoV 17%), respectively.
Two cement-based mortars were used as matrices. The normal weight mortar (N) contained Portland
cement (CEM II 42.5N), fine limestone sand (dmax = 2 mm), silica fume (dmax = 1 μm), limestone filler
(dmax = 120 μm), and effective water in proportions 1:2.07:0.11:0.28:1.82, by volume. The lightweight
mortar (L) contained the same materials’ exception being the normalweight sand, which was replaced
with pumice sand (cement, pumice sand, silica fume, limestone filler, and effective water in proportions
1:2.07:0.11:0.28:1.61, by volume). The density of the normal weight and lightweight mortar was equal
to 2113 kg/m3 and 1760 kg/m3, respectively. The compressive and flexural strengths of the mortars
were determined at 28 days, according to standard EN 1015-11 [17], and were, respectively, found to be
equal to 55 MPa (CoV 11%) and 5 MPa (CoV 18%) for the normal weight mortar and 55 MPa (CoV 9%)
and 3 MPa (CoV 14%) for the lightweight one. It is noted that the prisms for the mortars’ mechanical
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characterization were cast using a part of the total mortar batches mixed for the cast of the TRM strips
and they were cured next to the reinforced masonry prisms (see Section 2.2). The tensile response
of the Textile Reinforced Normal Weight Mortar (TRNM) and the Textile Reinforced Lightweight
Mortar (TRLM) was determined for both single-layer and double-layer coupons, according to the
procedure described in AC434 ICC-ES [18] (three identical specimens per coupons’ configuration) and
is depicted in Figure 1 while their tensile strength (fTRM) and the corresponding axial strain (εTRM) is
presented in Table 1. From the experimental axial tensile stress versus axial tensile strain curves shown
in Figure 1, it is deducted that the response of the single-layer specimens does not qualify as that of a
strain-hardening material. This is attributed to the low (longitudinal) fibers’ volume fraction. Lightly
reinforced cementitious matrices (like the single-layer coupons used herein) exhibit: (i) substantial
drops of the load corresponding to the formation of the first (and of any other) crack with this loss
of the load carrying capacity being irrecoverable after the formation of each crack, (ii) limited crack
formation capacity, and (iii) zero or slight strain hardening (as the result of the fibers’ inadequacy to
effectively bridge the cracks). On the other hand, double-layer specimens present a strain-hardening
response, which could be idealized as trilinear up to failure consisting of an initial uncracked stage
followed by a crack development one and a final post-cracked stage. In both cases of single-layered
and double-layered coupons, the failure mode was due to load-aligned fibers’ slippage from within the
mortar and simultaneous fibers’ fracture during the enlargement of a previously created mortar crack.
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Figure 1. Axial tensile stress versus axial tensile strain curves of: (a) TRNM (Textile Reinforced Normal
Weight Mortar) and (b) TRLM (Textile Reinforced Lightweight Mortar) coupons (stress is calculated by
dividing with the load-aligned fibers’ cross section).

Table 1. Mechanical characteristics of TRM (Textile Reinforced Mortar) coupons.

Coupon’s Configuration

First Crack Stress Tensile Strength Axial Strain Corresponding to fTRM
fFCR fTRM εTRM

(MPa) (MPa) (%)

{CoV} {CoV} {CoV}

TRNM 1 layer 604 {17%} 604 {17%} 0.02 {19%}
TRNM 2 layers 241 {12%} 576 {7%} 1.11 {13%}
TRLM 1 layer 594 {13%} 594 {13%} 0.03 {20%}
TRLM 2 layers 151 {17%} 532 {6%} 1.04 {9%}

2.2. Specimens

Shear bond test specimens were designed and constructed (for the most part), according to the
recommendation of RILEM TC 250-CSM [19]. Each specimen comprised one wall prism (wallette)
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reinforced with a single-layer or double-layer TRM overlay on one side, which was cast according
to the wet lay-up process (Figure 2). Each mortar layer (2 and 3 for single-layer and double-layer
TRMs, respectively) was approximately 4 mm-thick and was toweled flush to the prescribed thickness
by means of a 4 mm-thick rubber-cork frame. The TRM overlay (and, hence, the textile strip) was
centrally bonded on the wallettes’ width-wise. The length and width of each TRM overlay were equal
to 250 mm and 120 mm (7 yarns), respectively, while its distance from the wall’s top edge was equal to
40 mm so that stress concentration phenomena would be avoided. The textile(s) projected from both
sides of the TRM overlay, that is from the top and bottom part of the overlay designated herein as
“loaded end” and “free end”, respectively (Figure 2). Specimens were moist-cured for 7 days (covered
with wet burlaps) and then stored in lab conditions (20 ◦C ± 2 ◦C, 65% RH) for 21 more days until
pre-heating treatment, heating, and final testing. Prior to testing, the extremity/extremit(ies) of the
projecting textile(s) from the loaded end of the TRM overlays were sandwiched between either two or
three glued-on fiber-reinforced polymer (FRP) tabs depending on the number of textile layers (i.e., one
or two, respectively).

Figure 2. Single-lap/single-prism shear bond test set-up.

2.3. Experimental Program

2.3.1. Test Plan

In total, 30 specimens were constructed: half of them (15) were furnished with Textile Reinforced
Normal Weight Mortar overlays and the rest (15) with Textile Reinforced Lightweight Mortar ones.
Specimens were tested at ambient temperature (20 ◦C—control specimens) and, after exposure,
at 120 ◦C and 200 ◦C. For both minimum and maximum temperatures (20 ◦C and 200 ◦C), prisms
furnished with both single-layer and double-layer TRM strips were tested. For 120 ◦C, prisms tested
bore only single-layer TRM strips. Three identical specimens were tested per case. The specimens’
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notation has the form of Tx_Sy_z_n (see also Table 2), where x is the nominal exposure temperature (T)
in ◦C, y is the number of textile strips (S), z is the type of mortar used as a matrix (N or L), and n is the
specimen number in a group of identical specimens. The bond length of the TRM strip (250 mm) was
selected so as to ensure its adequate anchoring on the substrate.

Table 2. Experimental results.

Specimen
Temperature

(◦C)
Tex Strip

#

TKLE
(◦C)

{CoV}

TKFE
(◦C)

{CoV}

TKM
(◦C)

{CoV}

σmax
(MPa)

σmax,average
(MPa)
{CoV}

dr,max
(mm)

dr,max,average
(mm)
{CoV}

smax
(mm)

T20S1N01 20 1
- - -

313.28
344.36
{11%}

0.26
0.28

{29%}

0.005
T20S1N02 20 1 335.91 0.22
T20S1N03 20 1 383.88 0.38

T20S2N01 20 2
- - -

340.72
330.53
{7%}

0.48
0.66

{32%}

0.07
T20S2N02 20 2 305.58 0.90
T20S2N03 20 2 345.30 0.61

T20S1L01 20 1
- - -

375.32
377.57
{6%}

0.13
0.11

{17%}

0.005
T20S1L02 20 1 355.49 0.09
T20S1L03 20 1 401.90 0.11

T20S2L01 20 2
- - -

341.48
369.49
{7%}

0.66
0.69

{18%}

0.04
T20S2L02 20 2 391.14 0.83
T20S2L03 20 2 375.86 0.59

T120S1N01 120 1
51

{8%}
45

{9%}
63

{20%}

337.66
341.74
{2%}

0.28
0.38

{27%}

0.07
T120S1N02 120 1 348.36 0.36
T120S1N03 120 1 339.19 0.49

T120S1L01 120 1
49

{1%}
49

{17%}
53

{11%}

316.27
331.55
{6%}

0.39
0.46

{22%}

0.03
T120S1L02 * 120 1 - -
T120S1L03 120 1 346.83 0.54

T200S1N01 200 1
110

{14%}
99

{13%}
109
{2%}

345.30
317.29
{9%}

0.49
0.48
{2%}

0.10
T200S1N02 200 1 319.33 0.47
T200S1N03 200 1 287.24 0.48

T200S2N01 200 2
121

{7%}
102
{9%}

118
{4%}

300.23
322.13
{10%}

0.74
0.56

{32%}

0.12
T200S2N02 200 2 306.34 0.57
T200S2N03 200 2 359.82 0.38

T200S1L01 200 1
117
{4%}

105
{7%}

118
{3%}

238.35
251.59
{11%}

0.49
0.40

{21%}

0.06
T200S1L02 200 1 282.66 0.37
T200S1L03 200 1 233.77 0.33

T200S2L01 200 2
125

{12%}
111

{3%}
133
{4%}

233.00
271.63
{13%}

0.79
0.59

{32%}

0.08
T200S2L02 200 2 276.30 0.55
T200S2L03 200 2 305.58 0.42

* Machine stopped working unexpectedly during testing.

2.3.2. Pre-Heating Treatment and Heating Regime

Prior to subjecting the specimens to the prescribed heating regime, all of them were inserted in an
electrical oven at a constant temperature of 40 ◦C for 24 h with the aim of bringing them to a state
of approximately equal moisture content. Upon removal from the oven and until their exposure to
elevated temperatures, specimens were wrapped in a PVC membrane in order to prevent moisture
exchange with the atmosphere. For heating to 120 ◦C and 200 ◦C, the electrical oven (the same used for
the drying sequence) was preheated prior to specimens’ placement at a temperature higher than the
target one in order to counterbalance the heat loss due to door opening. Each specimen rested in the
oven for 1 h under the target temperature and remained undisturbed after turning the oven off until
its temperature reached the ambient one. All heated specimens were tested upon completion of the
heating-cooling regime. Figure 3 presents the time history of the specimens’ preparation and treatment.
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Figure 3. Time history of specimens’ preparation and treatment.

For specimens subjected to the previously described heating-cooling regime, the free part of the
wallette surface furnished with the composite overlay had been covered with the same mortar used for
the TRM so that real-life conditions were simulated during heating. For these specimens, the protection
of the projecting bare textile was achieved using a combination of ceramic wool insulation and rock
mineral wool insulation with aluminum coating, as depicted in Figure 4a. It is also noted that specimens
were placed horizontally in the furnace so that heating coming from above was evenly distributed on
the TRM strip, which faced upward (see Figure 4b). Four K-type thermocouples were used as heat
sensors (Figure 4). One was placed at a close distance from the specimen’s surface in order to record
the air temperature (TKA). The furnace temperature was adjusted so that the air temperature recorded
by TKA was equal with the target one. The rest of the sensors (insulated against radiation heating)
were applied on the specimen as follows: two of them were attached on the textile projecting from each
end of the TRM strip [one close to the loaded end (TKLE) and another close to the free end (TKFE)]
while another sensor was placed on the strip’s surface at a distance of 50 mm to 100 mm from the
loaded end (TKM).

 
   (a)                                         (b) 

Heating source 

TRM surface 

TKM TKA 

Figure 4. Insulated specimen (instrumented with thermocouples): (a) side view and (b) inside the
electrical furnace; (K-type thermocouple: close to Loaded End, TKLE; close to Free End, TKFE; on the
strip’s surface, TKM; close to specimen’s surface, TKA)
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2.3.3. Shear Bond Tests Set-Up

For the execution of the single-lap/single-prism shear bond tests, each wallette was fitted in a
steel frame. Then, the textile(s) projecting from the loaded end was (were) connected to the fixed part
of the machine through a joint that provided full in-plane and partial out-of-plane rotation capacity
(Figure 2—Section 2.2). The connection was realized by clamping the FRP tab between two bolted
hinged steel plates. During testing, the projecting textile(s) was (were) being pulled away from
the bonded TRM overlay. Tests were carried out at a piston displacement-controlled mode using a
servohydraulic testing machine (load capacity 250 kN). The displacement rate was set to 0.005 mm/s.
Each specimen was instrumented (see Figure 2—Section 2.2) with: (i) two digital dial gauges (DDG)
firmly attached on the wall close to the overlay’s loaded end acting against an aluminum plate glued
on the first transversal yarn of the pulled textile in order to record the textile’s relative displacement in
respect to the wallette (under the assumption that the TRM-to-substrate slip was null), (ii) two DDG
glued on the wall close to the overlay’s free end acting against an aluminum plate glued on the second
transversal yarn of the projecting textile in order to record the textile’s slip (these sensors were applied
only on the Tx_Sy_z_01 specimen of each group of identical specimens).

3. Results

3.1. Heating Effect

Visual inspection of specimens right after the conclusion of the heating-cooling regime revealed
the formation of fine cracks on the top mortar layer of the TRM overlays. Cracks did not seem to
propagate through the entire thickness of the TRM overlays (looking from the side of the TRM strips).
In the case of single-layer TRM overlays, the number of cracks increased with increasing exposure
temperature for both types of mortars whereas TRLMs were more prone to cracking than their TRNM
counterparts. In the case of normal weight mortar, double-layer TRM overlays remained uncracked
after specimens’ exposure at 200 ◦C while, in the case of lightweight mortar, fewer cracks appeared on
the double-layer TRM overlays than on the single-layer ones.

These fine cracks are attributed to differential shrinkage/swelling phenomena dissimilar between
TRNM/masonry and TRLM/masonry joints. The 24-h-long drying at 40 ◦C was not sufficient for
the complete drying of the TRM strips’ matrices. The evaporation of the remaining moisture in
the normal weight matrix (during the heating-cooling regime) is the cause for restrained shrinkage
of the TRNM strip (while bed joints’ mortar is also undergoing shrinkage but at a different pace).
For lightweight matrices, restrained volume change phenomena are more complex. Initially, that is
after the end of the (wet) curing period, the moisture content buffered in the lightweight (porous)
aggregates (pumice, in this work, used in a fully saturated condition during mixing) is fed back into the
paste, which causes swelling. The latter (depending on its magnitude) can even be perceived as a crack
prevention mechanism due to differential volume changes. Nevertheless, during drying (especially
during heating), a larger quantity of moisture escapes from the lightweight mortar in comparison to the
normal weight one, which results in larger deformations of the TRLM strip due to differential shrinkage
and in a lengthier TRLM shrinkage evolution period. Larger differential shrinkage deformations of
the TRLM strip cause cracking provided that the bond strength of the TRM/substrate interface is
larger than the tensile stresses developed in the TRLM strip due to shrinkage, which, in turn, should
be larger than the tensile strength of the mortar comprising the strip. Lastly, as in all cementitious
fiber-reinforced materials, shrinkage cracking was limited by increasing the fiber volume fraction
(0.68% and 0.92% for single-layer and double-layer TRMs, respectively).

3.2. Failure Mode

All specimens failed due to textile slippage from within the mortar with simultaneous sleeve fibers’
fracture along the textile projecting from the TRM overlay’s loaded end (Figure 5). The pre-existing
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surface cracks in the matrix—which had been created during the heating-cooling regime —were not
increased in number during shear bond testing.

 

Loaded  end 

Free  end 

Figure 5. Specimen at failure.

4. Discussion

The experimental results are presented in Table 2 in terms of: (i) the average—for each group
of identical specimens—temperature recorded by the TKLE, TKFE, and TKM thermocouples at the
end of 1 h exposure to the target furnace temperature, (ii) the maximum textile axial stress (σmax)
computed as the ratio of the maximum load carried by the TRM overlay to the cross sectional area
of the longitudinal (load-aligned) fibers (equal to 6.545 mm2 for the single-layer TRM overlay and
13.090 mm2 for the double-layer one), (iii) the corresponding relative displacement of the textile with
respect to the wall (dr,max) being equal to the average of the readings from the DDG at the loaded end
and (iv) the corresponding textile slip from within the mortar (smax) being equal to the average of the
readings from the DDG at the free end.

As far as the thermocouples’ readings are concerned, temperature values do not vary significantly
in relation to the sensors’ position (per specimens’ group), the number of textile layers (per mortar
type), and the type of mortar (for the same number of textile layers). The TRM surface temperature and
the temperature of the projected textile close to the loaded and free end for all types of TRM overlays
investigated are found to be equal to roughly half of the ambient air temperature (for both mortar
types: 50 ◦C for single-layer TRM overlays exposed to 120 ◦C; ~110 ◦C and ~120 ◦C for single-layer
and double-layer TRM overlays exposed to 200 ◦C, respectively). In more detail, the rate of TRM
surface and textile temperatures over the nominal exposure (air) temperature increase with increasing
exposure temperature. The evolution of the thermocouples’ values during the hour-long exposure is
depicted in Figure 6 for three representative specimens furnished with TRLM overlays (the respective
temperature records concerning specimens with TRNM overlays are almost identical).
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Figure 6. Thermocouples’ temperature profiles for representative specimens: (a) T120S1L03, (b)
T200S1L03, and (c) T200S2L02.

The maximum textile axial stress, σmax, (average for each specimen group) versus the target
furnace temperature plot is presented in Figure 7a for each type of mortar. It is observed that, at control
conditions (non-heated specimens: 20 ◦C in Table 2) and after exposure at a nominal air temperature of
120 ◦C, both single-layer TRM systems (TRNM and TRLM) exhibit similar bond capacity differences
between them being unimportant considering the statistical performance of each pair of compared
specimen groups. The same does not apply for the nominal exposure temperature of 200 ◦C for
which single-layer and double-layer TRNM overlays outperform the respective TRLM ones in terms of
residual bond capacity.
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Figure 7. (a) Maximum textile axial stress, σmax, and corresponding (b) relative displacement, dr,max,
and (c) slip, smax, versus nominal exposure temperature.
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Per type of matrix considered, the following trends are observed. For the same thermal treatment
prior to testing (none, or exposure at either 120 ◦C or 200 ◦C for 1 h), σmax stresses corresponding
to double-layer overlays are comparable to those of single-layer ones (as also noticed by Askouni
and Papanicolaou [6] for specimens tested without having been previously heated). The effect of
exposure temperature increase prior to testing does not seem to substantially affect the residual bond
capacity of single-layer and double-layer TRNM overlays. The maximum textile axial stress remains
almost unchanged for specimens subjected to 120 ◦C and decreases by less than 10% for specimens
subjected to 200 ◦C in comparison with the maximum textile axial stress of the reference specimens.
The same does not apply for TRLM overlays. In this case, the maximum textile axial stress decreases
slightly (by 14%) for specimens subjected to 120 ◦C (with single-layer TRMs) and by 50% and 36% for
specimens subjected to 200 ◦C with single-layer and double-layer overlays, respectively, in comparison
to the maximum textile axial stress of the reference specimens. An increase of mortar thickness (to
accommodate higher fiber volume fractions, i.e., more textile layers) seems to be beneficial in terms of
residual bond capacity.

In TRLM overlays, the maximum textile axial stress decrease for increasing exposure temperature
is mainly attributed to the cracking that this exposure caused. Despite the fact that these cracks did
not increase in number or in width during shear bond testing, it is believed that they comprised
textile-to-matrix bond breaker points. Bond damage could also occur as the combined result of:
(i) early-age swelling and (ii) stress buildup during moisture evaporation by heating. The latter should
theoretically be minimal in lightweight mortars with highly porous aggregates. However, according to
Chandra and Berntsson [20], lightweight cementitious matrices with a dense cement paste (like the one
used herein) exhibit low vapor permeability and, hence, moisture transport results in the development
of high internal stresses. The latter is expected to mainly affect the bond between the textile and the
top (atmosphere-exposed) mortar layer. In double layer systems, the stress-relieving effect of higher
fibers’ content is combined with the preservation of the bond quality of the bottom textile layer with
the surrounding (unexposed) matrix.

The plot of the textile relative displacement corresponding to the maximum textile axial stress,
dr,max, versus the target furnace temperature is presented in Figure 7b for each TRM configuration.
These displacement values are less reliable in comparison to the stress ones due to their (inherently)
higher CoV. Therefore, the corresponding data trends are only qualitatively commented. Average dr,max

values: (i) depend more on the number of textile layers than on the type of matrix used and (ii) increase
with increasing exposure temperature for single-layer configurations (for which dr measurement is
more straightforward compared to double-layer ones). The relative displacement is the result of two
synergistic phenomena: the elongation and the slippage of the longitudinal yarns’ fibers in the matrix
(see Askouni and Papanicoloaou [5]). In the case of single-layer TRNM overlays, the increase of dr is
attributed mainly to the increase of the textile slippage from within the normal weight mortar with
increasing exposure temperature (see slip values recorded by DDG at the TRNM overlays’ free ends
in Figure 5c). In the case of TRLM overlays, the textile-to-matrix bond is more severely damaged by
volume change phenomena (especially those heat-induced), which lead also to sleeve fibers’ rupture
within the matrix (hence, the lower slip values compared to single-layer TRNMs in Figure 7c). Average
dr,max values of double-layer TRM overlays are higher than the respective values of single layer ones.
This is in agreement with observations done by Askouni and Papanicolaou [6] who also provide the
relevant reasoning.

The response (textile axial stress versus relative displacement curves) of representative specimens
of both TRM systems (TRNM and TRLM) is given in Figure 8. Most curves can be approximated
as bilinear up to failure. In the first branch, both components (textile and mortar) behave in an
elastic composite manner. The second branch extends between the change of the curve’s inclination
and the maximum load where the bond between fiber yarns and matrix is gradually deteriorated
along a part of the bond length. It is highlighted that failure manifests the commencement of the
load-aligned yarns’ debonding from the matrix in combination with their sleeve fibers’ progressive
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rupture. Post-peak stress decrease is significantly more rapid for the TRLM overlays due to the
brittleness of the lightweight mortar.
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Figure 8. Response curves of representative specimens reinforced with: (a) TRNM and (b) TRLM overlays.

5. Conclusions

The main drive for use of lightweight matrices in TRMs is to provide heat shielding to the
reinforcement (fibrous grid) since lightweight mortars are characterized by lower heat conductivity
with respect to normal weight ones. Nevertheless, the design of lightweight aggregate (e.g., pumice)
cement-based mortars suitable for TRMs (i.e., comparable to normal weight ones, in terms of—at
least —strength) requires high strength pastes with low effective water-to-cementitious material
ratios in order to compensate for the low crushing strength of the lightweight aggregates. The latter
aggregates, which are often used in a fully saturated condition in the mixture, provide larger quantities
of evaporable (and non-evaporable) moisture (in comparison to normal weight mortars) leading to:
(i) early-age swelling (once wet curing is concluded), (ii) stress buildup during moisture evaporation
by heating (dense paste causing high vapor pressure), and (iii) differential shrinkage cracking (along all
TRM/masonry joints’ interfaces). Hence, it is highlighted that a crucial parameter for the comparison
of the post-heating residual shear bond response of different TRM systems on a reasonable basis
is their moisture content. This must be kept at a constant (comparable) level, which is difficult to
achieve and monitor. The main conclusions drawn from the experimental results presented in this
work are summarized as follows. At control conditions (non-heated specimens) and after exposure
at a nominal air temperature of 120 ◦C, both single-layer TRM systems (TRNM and TRLM) exhibit
similar bond capacities. The same does not apply for the nominal exposure temperature of 200 ◦C for
which single-layer and double-layer TRNM overlays outperform the respective TRLM ones in terms of
residual bond capacity. For TRLM overlays, the maximum textile axial stress decreases by 50% and
36% for specimens subjected to 200 ◦C with single-layer and double- layer overlays, respectively, in
comparison to the maximum textile axial stress of the reference specimens. Increase of mortar thickness
(to accommodate higher fiber volume fractions, i.e., more textile layers) seems to be beneficial in terms
of post-heating residual bond capacity.

The relevant knowledge curve is at the beginning of its ascending branch. There are still many open
questions to be answered (apart from the issue of moisture control). The object of the current study is a
multi-parametric problem, which is hard to draw generalized conclusions from. There is a multitude of
constituent material combinations comprising different TRM systems, which, in turn, can be combined
with a vast array of different masonry substrates (all—adjacent materials—possessing different
shrinkage strain potentials, porosity, and transport properties to mention a few). Per TRM/substrate
combination, it would be interesting to assess the effects of hygro-thermal fatigue scenarios.
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Abstract: The mechanical behavior of textile reinforced cementitious composites (TRC) has been a
topic of wide investigation during the past 30 years. However, most of the investigation is focused on
the behavior under ambient temperatures, while only a few studies about the behavior under high
temperatures have been conducted thus far. This paper focused on the thermomechanical behavior
of TRC after exposure to fire and the residual capacity was examined. The parameters that were
considered were the fiber material, the thickness of the concrete cover, the moisture content and the
temperature of exposure. The specimens were exposed to fire only from one side and the residual
strength was measured by means of flexural capacity. The results showed that the critical factor that
affects the residual strength was the coating of the textiles and the law of the coating mass loss with
respect to temperature. The effect of the other parameters was not quantified. The degradation of the
compressive strength of TRC was quantified with respect to temperature. It was also concluded that
a highly asymmetrical design scheme might lead to premature failure.

Keywords: bending tests; fire; high temperature; textile coating; textile reinforced cementitious
composites (TRC)

1. Introduction

Innovation in construction has always been a matter of great interest. In the past decades,
the materials that play a leading role towards this have been the textile reinforced cementitious
composites, usually referred to as textile reinforced mortars (TRM), textile reinforced concrete (TRC)
or fabric reinforced cementitious matrix composites (FRCM). TRC is a material that combines the
good compressive behavior of cementitious matrices with the good tensile properties of a proper
reinforcement. The innovation lies in the very high tensile capacity of the thin fibers, but especially
in the slenderness offered by the lightweight textiles with respect to the traditional bulky steel
reinforcement. Additionally, the most common fiber materials (glass, carbon, basalt, aramid) are
much less prone to corrosion than steel, which leads to lower needs in concrete cover, thus, thinner and
more lightweight elements. Additionally, TRC presents a significant advantage with respect to the fiber
reinforced polymer (FRP) composite materials, through the increased resistance of the cementitious
matrices to high temperatures with respect to the polymer matrices of FRPs. Finally, another important
advantage of TRC with respect to FRPs is the higher compatibility of the cementitious matrices with
most substrates; thus, TRC can be used as a retrofitting material in more applications in construction.
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A major concern with respect to TRC lies in the fact that the low thickness of TRC elements might
end up being a drawback for their fire resistance, since the textile reinforcement is more exposed to
high temperatures. At the same time, the most common failure mechanism of concrete due to high
temperatures (spalling of the cover) is of small importance in thick elements, while in TRC elements
with thickness of a few millimeters it can be critical. Therefore, even though TRC has been widely
investigated and already practically used in the past few years for many applications (load bearing
or non-load bearing elements in new constructions, strengthening, repairing and seismic retrofitting
of existing concrete or masonry buildings, sandwich façade panels, bridge components, curved shell
elements, etc.), there is still no high certainty about the materials’ response in fire conditions.

The state-of-the-art in the literature includes several publications concerning the temperature effect
on TRC. However, a significant amount on them is not focused on TRC alone, but on applications of
TRC as a strengthening technique on existing concrete or masonry structures. Studies [1–6] investigate
the effectiveness of a TRC layer as a means of strengthening concrete beams or slabs subjected to
high temperatures. In studies [7,8] TRC has been used on existing concrete substrates; however, these
studies have focused only on the effect of high temperatures on the bond between the two different
materials. In publications [9–11], the structural capacity and the effectiveness of the bond between the
TRC and masonry substrate has also been tested under exposure to high temperatures. Clearly, the
results given by these publications cannot be used as data to work with in the design of TRC structures,
since the high concrete (or masonry) mass of the existing building gives thermal inertia to the system
which does not exist in slender TRC structures.

In studies [12–28], the structural capacity of TRC alone (not on a different substrate) under
elevated or high temperature has been investigated. However, in [12–21], the maximum temperature
that was tested was 650 ◦C, and only in publications [22–28], TRC was investigated under temperatures
of 700 ◦C–1000 ◦C, which corresponds to the realistic temperatures developed in case of a cellulosic
fire [29]. Moreover, out of the last group of publications, only in [26,28] tests have been performed on
TRC specimens according to the standard fire curve proposed by EN1363 ([29]), while using glass or
carbon fiber reinforcement, which are the most commonly used in structural applications.

In conclusion, publications that investigate TRC as a structural material under realistic fire
conditions are scarce, and there is a large gap of knowledge on the behavior and design of this new
material for the accidental load case of fire.

2. Materials and Methods

2.1. Matrix

The matrix that was used in this study is a commercially available cementitious mortar of
ordinary Portland cement. It included quartz sand at a percentage of 25%–30% by weight as well
as some additives, which were not disclosed by the manufacturer. The maximum grain size was
2.5 mm, and the mortar had a high flowability, which was necessary for casting properly through the
textile reinforcement.

The compressive and flexural strength of the mortar were measured by conducting compression
and three-point bending tests according to EN 12190 and EN 196-1, respectively. They were measured
after 28 days of casting and with identical curing conditions as those of the TRC specimens that will be
described below (cured at constant temperature of 20 ◦C and covered with constantly wet fabrics).

The compressive strength, measured by testing six specimens (cubes of 40 mm), was found equal
to 61.45 MPa, with a variance of 4.16 MPa. The flexural strength, measured by testing five specimens
(prisms of 40 × 40 × 160 mm), was found equal to 7.60 MPa with a variance of 0.93 MPa.

2.2. Textile Reinforcement

Three types of commercially available textiles have been used for this study, all consisting of
coated glass or carbon fibers. A description of their properties is given next.
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Two-dimensional (2D) glass styrene-butadiene (SBR) coated: Two-dimensional AR-glass textile
with styrene-butadiene (SBR) coating (Figure 1a). The mesh size was equal to 12 mm in both directions
and the weight of the textile before and after coating was equal to 568 g/m2 and 653 g/m2, respectively,
according to the technical datasheet obtained from the provider.

 
Figure 1. (a) 2D styrene-butadiene (SBR) coated glass-fiber textile; (b) 3D SBR coated glass-fiber textile;
(c) SBR coated carbon-fiber textile.

Three-dimensional (3D) glass SBR coated: Three-dimensional AR-glass textile with styrene-butadiene
coating (Figure 1b). The mesh size differed among the two perpendicular directions and the two
faces, being 10 mm for the front face (face 1) and either 9 or 18 mm at the back face (face 2). However,
the cross- sectional area of the reinforcement was equal in both faces: 70.5 mm2/m lengthways and
71.6 mm2/m crossways. The weight of the textile before and after coating is 917 g/m2 and 1055 g/m2,
respectively. The distance between the two faces is 12 mm. The distance holders were made of
polyester and were randomly curved; thus, their purpose was to hold the two layers of glass textiles at
the specified distance and not to provide extra mechanical performance.

2D carbon SBR coated: Two-dimensional carbon textile with styrene-butadiene coating (Figure 1c).
The mesh size was equal to 12.7 mm in both directions and the weight of the textile before and after
coating was equal to 516 g/m2 and 578 g/m2, respectively.

Useful technical information about the textiles is summarized in Table 1.

Table 1. Geometrical and mechanical data of the reinforcing textiles.

Type of Textile
Roving

Distance (mm)
Weight before

Finishing (gr/m2)
Nominal

Thickness (mm)
Yarn Failure
Stress (MPa)

Yarn Stiffness
(GPa)

warp weft warp weft warp weft

Two-dimensional (2D) glass 12 12 284 284 0.106 0.106 526 67

Three-dimensional (3D) glass
styrene-butadiene (SBR) coated

Face 1 10 10 229.3 229.3 0.171 0.171
496 67Face 2 18 9 229.3 229.3 0.171 0.171

2D carbon SBR coated 12.7 12.7 258 258 0.143 0.143 814 93

2.3. Specimens

In total, six series of specimens were casted. Each series (consisting of six identical specimens)
was made in order to investigate the influence of a different parameter. The parameters that were
investigated are the following:

• Thickness of the concrete cover
• Time/temperature of exposure to fire
• Material of fibers
• Moisture content

The specimens were exposed to fire from only one side (referred to as “face 2”). The same side
(face 2) was the one that was subjected to tension during the bending tests.

Each one of the series was casted as a plate of TRC of dimensions 500 mm × 435 mm (and a varying
thickness according to the design of each case). After being cured at 20 ◦C and in a wet environment
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for 28 days, each plate was cut into six identical specimens of dimensions 500 mm × 70 mm, three of
which were tested in bending without being subjected to a fire test, while the other three were tested in
bending after being exposed to fire (the set-up of the fire tests is described in the next paragraph). In all
cases, at least six yarns were present over the width of 70 mm, while these dimensions comply with the
dimensional norm for testing TRC in tension, as per [30].

The differences between the geometry, the reinforcement and the duration of the fire test are
provided in Figure 2.

 

Figure 2. Cross sectional geometry of specimen Series A to F.

It is also noted that all the specimens were dried in a furnace before being subjected to the fire test.
The drying process consisted of successive heating (up to 104 ◦C) and weighting of the specimens until
the weight was constant. This corresponds to 0% of moisture content. Series D was the exception to
this, as it was first submerged in water until it was saturated with water (also defined after successive
weighting until constant weight), which corresponds to 100% of moisture content. Eventually, specimens
in Series D were dried in the same oven and by the same process, until the moisture content reached 50%.

The most important geometrical data for all the specimen Series are summarized in Table 2.
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It should be noted that:

• Face 2 is the face that was exposed to the fire during the fire test (also referred to as “surface” for
the fire test). It is also the face that was subjected to tension during the bending test.

• Effective depth refers to the level of the most stressed fibers (starting from face 1) during the
bending test. Thus, it is also the level of fibers which were closer to the exposed to fire surface,
which are the fibers that were exposed to the highest temperature.

• Fiber volume fraction (Vf) was calculated only in the longitudinal direction of the specimens, in
the direction of the tensile stresses during the bending test.

2.4. Fire Tests Set-up

For the fire tests, the standard fire curve given by EN 1363-1 was utilized. The fire curve was
reproduced by the vertical furnace of the Fire Testing Facility at the University of Patras, Greece
(see Figure 3).

 

Figure 3. (a) Standard fire curve according to EN 1363-1; (b) Vertical furnace at the Fire Testing Facilities
of the University of Patras (internal dimensions of 3 m × 3 m × 1.2 m).

As is apparent from Table 2, the specimens were not tested all at once but in several fire tests, for
practical reasons such as different durations of exposure to fire, limited number of temperature sensors
or due to the uncertainty of the expected residual strength and, thus, the possibility to re-evaluate and
change the design of the specimens.

The sides of the specimens that were not directly exposed to fire were protected by using mineral
wool, which is a fire-resistant insulating material. The insulation was tightened on the specimens using
metallic wire (see Figure 4).

The temperature was measured with the use of thermocouples that were placed on the surface, in
the middle and at the bottom of the specimens. The edge of the thermocouples placed at the surface
was covered for a few millimeters with ceramic wool (which is thermally insulating and fire-resistant),
in order to avoid being affected by the air temperature. The thermocouples in the middle were fixed
inside a small cavity that was drilled a few days after unmolding the specimens. The thermocouples at
the bottom were placed between the mineral wool and the specimens.
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Figure 4. Set-up of specimens from Series B, C, D and F for the execution of the fire test. At the end of
each fire test, the specimens were left to cool down naturally, without getting them out of the furnace
before reaching the room temperature. The door of the furnace was only opened after the temperature
had dropped to 180 ◦C, to avoid sudden cooling down which could harm the specimens and the
furnace itself.

2.5. Mechanical Tests Set-up

The specimens were subjected to four-point bending according to Figure 5. The mechanical
behavior (residual strength and stiffness) of the specimens that were subjected to the fire test was
compared to the behavior of identical (control) specimens that were not subjected to fire. The results
gave a good insight about the degradation of the specimens.

 

Figure 5. Experimental set-up details about the four-point bending tests.

The value of the applied load was measured directly from the load cell that was fixed on the testing
machine. A spherical metallic insert with three degrees of rotational freedom was attached between
the load cell and the specimen, to eliminate the influence of geometrical imperfections. The testing
method was displacement controlled, with a rate of 1 mm/min. The deflection of the specimens was
measured in the middle of their span using two Linear Variable Differential Transformers (LVDTs),
one on each side, in order to take into account any displacements due to possible torsional rotation

143



Appl. Sci. 2019, 9, 747

of the specimens. A stiff metallic beam was fixed at the top of the specimens, exactly at the middle
section, and the LVDTs were taking measurements with respect to this beam.

3. Results and Discussion

3.1. Fire-Testing Results

As described in the previous paragraph, the specimens were not tested all at once, but rather in
the following fire tests:

• Fire test 1: Series A was tested for a duration of 30 min.
• Fire test 2: Series B, C, D and F were tested for a duration of 30 min.
• Fire test 3: Series E was tested for a duration of 15 min.

In the previous paragraph, it was mentioned that nine thermocouples were used in each fire-test
to monitor the temperature on the specimens (three sensors on the surface of the specimens, three
in the middle and three at the bottom). However, due to failure of the specimens or the fixing of the
sensors, not all measurements recorded could be trusted. Therefore, in the next figures and tables
(Figure 6 and Table 3), only the most reliable measurements are presented.

Table 3. Temperature measurements from fire tests 1, 2 and 3.

Fire Test Duration (min.) Series Temperature at the End of the Fire Test (◦C)

surface middle bottom
1 30 A 638 525 437

2 30

B 648 526 343
C - - -
D 650 530 343
F 666 524 385

3 15 E 477 302 192

* Normal fonts: measured values; Bold fonts: estimated values.

 

 
Figure 6. Cont.
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Figure 6. (a) Temperature measurements from fire test 1; (b) temperature measurements from fire test
2; (c) temperature measurements from fire test 3.

Additionally, it should be noted that since it was not possible to apply thermocouples in all
specimens and all positions (also some of the applied thermocouples failed to give trustworthy
measurements), some values of measured temperatures could be estimated based on the similar
geometry of all the specimens. As a result, Table 3 is filled with values that were actually measured
(normal fonts) or could be safely estimated (bold fonts).

3.2. Results from Coating Burn-off Tests

The most critical parameter seems to be the failure of the bond between the matrix and the
reinforcement, which is caused by the coating burn-off. Thus, some additional tests were performed,
where samples of textiles were exposed to several temperatures and their weight was measured before
and after exposure. Thus, the mass loss of the coating could be calculated.

It is important to note that:

• The equipment that was used was a small electrical furnace with the capacity to reach 1000 ◦C.
• Apart from the temperature, the time of exposure also plays a significant role. The heating rate

in the middle of the specimens (closest measurement to the level of the effective depth, thus,
the fibers that are of interest) was almost the same in both the 15-min and the 30-min fire tests,
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equal to 18–19 ◦C/min. Therefore, the heating time was decided each time according to the target
temperature and a standard heating rate of 18 ◦C/min.

• The cooling down of the specimens, after reaching the maximum temperature, was performed
with a rate of 1.5 ◦C/min until a temperature of 200 ◦C, which is also a good approach of the
cooling down rate that was measured at the 15-min fire test.

• The initial mass of the coating was calculated based on the weight of the textiles before and after
coating, as provided by the technical datasheets.

From the results which are presented in Figure 7, it was observed that the critical temperature
after which the mass loss is becoming significant is close to 300 ◦C. It was also observed that after
500 ◦C, the coating was almost completely burnt-off.

 
Figure 7. Mass loss of the textiles’ coating after heating to different temperatures.

3.3. Results from TRC Heating and Compression Tests

Since the degradation of the matrix due to the exposure to high temperatures also plays a
significant role in the specimens’ mechanical response, some heating and compression tests were also
performed on TRC specimens. This was chosen to be done on specimens of TRC rather than plain
mortar, since the existence of the textiles might affect the compressive strength of the TRC sample even
in ambient temperatures. This is because the interface between the concrete cover and the core of the
element, where the textiles are placed, is a weak area in compression. Therefore, there is a chance that
the failure will occur faster by spalling of the cover due to the weak connection of the cover to the
core. This was actually observed, because the compressive strength of the TRC specimens was lower
(by 20 MPa) than the compressive strength of the plain mortar specimens (see Paragraph 2.1). However,
the shape and the dimensions of these specimens were different from the ones in the specimens of
plain mortar (see Paragraph 2.1), which explains the difference in the measured strength.

The dimensions of these specimens were 70 × 110 × 28 mm. The loading direction was parallel
to the height of 110 mm. Thus, the loaded cross section of 70 × 28 mm is the same as the cross section
of the specimens subjected to bending. The applied load was given by the loading cell of the testing
machine, while the deformation of the specimens was monitored by Digital Image Correlation, and
thus, the strain and the elastic modulus were obtained.

Figure 8 gives the degradation of the TRC specimens due to heating at several temperatures, both
in terms of strength and elastic modulus.

In Table 4, the reduction of the compressive strength and the elastic modulus at each elevated
temperature is given in percentage, with the specimens in ambient temperature as reference.
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Figure 8. Reduction of compressive strength and elastic modulus of textile reinforced concrete (TRC)
specimens after exposure to elevated temperatures.

Table 4. Reduction of compressive strength and elastic modulus of TRC after exposure to high temperatures.

Temperature (◦C) Reduction of Compressive Strength Reduction of Elastic Modulus

20 - -
200 5% 23%
400 36% 72%
500 63% 82%
700 71% 85%

3.4. Bending Tests Results

As it has been mentioned, three specimens of each series were tested in bending without being
subjected to fire test and three specimens were tested after being exposed to fire. In this paragraph, the
results from these tests are presented and discussed.

3.4.1. Results from 15-Minute Fire Tests

The only case where the specimens with SBR coated textiles presented a countable residual
strength was the 15-min fire test. Even though the temperature at the level of the effective depth was
not measured, by assuming a linear reduction of the temperature between the surface and the middle
(where the temperatures are known), it was deduced that the temperature at the level of the effective
depth was below 400 ◦C. However, as a precise calculation cannot be made, no numerical value is
provided. Taking this estimation into account, it is not expected to have a severe degradation of the
specimens of Series E, for the following reasons:

• The mass loss of the coating is in the order of 20% or lower (see Figure 7); therefore, since most of
the coating is still in place, the bond between the textiles and the mortar will not be completely
lost as in Series A, B, C, D and F.

• Even though it is well-known that glass fibers lose their strength after being exposed to
temperatures higher than 300 ◦C, it is also well known that carbon fibers maintain their capacity
to even higher temperatures if they are not in oxidizing atmosphere [31]. Therefore, even though
the glass fibers within the specimens of Series E do not provide significant load bearing capacity,
the carbon fibers do.

• The matrix was exposed to a maximum temperature of 477 ◦C at the surface (face 2), while at
the bottom side (face 1, which is subjected in compression at the flexural test, thus, it is the most
contributing part of the mortar) the maximum temperature reached 317 ◦C. According to Table 4,
the degradation of the mortar is also not critical. The loss of compressive strength is close to 20%
(interpolation between 5% and 36%), while the reduction of the elastic modulus is close to 48%
(interpolation between 23% and 72%).
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Figure 9 gives the comparison between the load-bearing capacity of the not subjected and the
subjected to fire testing specimens in Series E. In the same figure the dashed lines correspond to the
specimens that were tested “upside-down”, which means that instead of having face 2 subjected to
tension during bending, they had face 1. Additionally, for the specimen that was subjected to the
fire test before the flexural test, it was again face 1 instead of face 2 that was directly exposed to fire.
The reason why this happened was the difference in the concrete cover, since the specimens in Series
E had a cover of 8 mm at face 2 and a cover of 4 mm at face 1. Of course, the effective depth during
bending changed; thus, these two specimens cannot be compared to the others regarding their flexural
strength (higher effective depth, and thus, higher flexural strength, as can be seen from the result
of the not exposed specimen–the blue dashed line). However, it can be observed that the reduction
of the load recorded for the exposed to fire specimen is greater than the respective reduction in the
other specimens (not tested “upside down”–continuous blue lines). This is not surprising, because
the concrete cover in the former case was smaller, thus, a heavier damage was done to the textiles at
the level of the effective depth, as a result of the higher temperature reached. Therefore, it is logical
that even though the not exposed, “upside-down” specimen (E3) has a higher strength than the other
not exposed specimens (E1 and E2); this does not happen for the exposed-to-fire specimens (E6 is not
stronger than E4 and E5).

 
Figure 9. Force versus displacement curves for specimens in Series E.

Regarding Specimens E1, E2, E3 and E4, the initial and the post-cracking stiffness (k1 and
k2, respectively) were calculated. Additionally, the maximum force (Fmax) and the corresponding
displacement δmax were found. Eventually, the values of k1, k2, Fmax and δmax for the exposed and not
exposed to fire specimens were compared and the degradation was calculated. The results can be seen
in Table 5.

Table 5. Mechanical characteristics of specimens of Series E that were exposed or not exposed to fire.

Mechanical
Properties

Not Exposed Specimens
(E1, E2)

Exposed Specimens
(E4, E5)

Difference
(%)

k1 (kN/m) 1.58 0.41 −74%
k2 (kN/m) 0.20 0.10 −48%
Fmax (kN) 1.86 1.39 −25%
δmax (mm) 14.1 23.6 +68%
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3.4.2. Results from 30-Minute Fire Tests

Regarding all specimens that were exposed to fire for 30 min, it can easily be derived from Table 3
that the temperature reached at the level of the effective depth (level of the most stressed fibers) was,
in all cases, higher than 520 ◦C (since the temperature in the middle is around 520–530 ◦C and the
effective depth was closer to the surface). During the subsequent bending tests, it was observed that
the fibers started to pull-out at very low load levels, and that practically no residual strength was left
(see Figure 10), even though no severe cracks or spalling of the cover was observed. It was obvious
that the coating of the textiles, being a thermoplastic material, had been completely burnt-off, and
thus, the bond between the textiles and the mortar had already failed before the test. As a matter of
fact, the fibers could be pulled out of the specimens even bare-handedly (see Figure 11b). Coating
burn-off tests showed that the SBR coating used was almost completely burnt-off after reaching 500 ◦C
(see Figure 7).

 
Figure 10. Force versus displacement curves for specimens in Series A.

  

Figure 11. (a) Curvature of specimens from the one-sided fire loading and the asymmetrical placement
of the reinforcement; (b) specimen in Series C that was subjected to fire testing. The fibers were easily
pulled out by hand after the flexural test of the specimen.

Figure 10 gives the comparison of the load-bearing capacity of the not subjected and the subjected
to fire testing specimens in Series A. Similar results were observed for Series B, C, D and F; therefore,
the graphs for those series are not presented. No conclusions can be drawn regarding the effect of the
nature of the fibers or the moisture content of the specimens.

Additionally, it is worth mentioning that specimens in Series C and F developed a residual
curvature after the fire testing (Figure 11a). These two series were characterized by a high geometrical
asymmetry, as can be seen from Figure 2. ue to this asymmetry, the top layer (concrete cover of 12 mm),
which was exposed to the high temperature and had no reinforcement, suffered from an increased
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thermal expansion. On the other hand, the bottom layer was subjected to lower temperatures and
the textile that was concentrated near the bottom offered an increased axial stiffness to the lower part
of the specimens. As a result, the thermal expansion was much lower at the bottom with respect to
the top, which led to the curving of the specimens due to the thermal loading. The curvature was
so intense that the surface was severely damaged (visible cracks). Thus, the damage, and therefore,
part of the deformation, were irreversible (the specimens remained curved even after cooling down).
The residual strength of these specimens was so low that two of them broke while being transferred
from the furnace to the bending test set-up; thus, they were not tested at all. In addition, since no
numerical results were obtained from testing these series, the effect of the increased concrete cover
could not be quantified.

The conclusions that can be drawn from these results, are:

• The temperature stability of the coating of the textiles seems to be the most decisive parameter
regarding the residual strength of the TRC specimens, since it directly affects the bond between
the matrix and the reinforcement. Thus, extra care must be given when thermoplastic coatings are
used in applications with fire safety requirements.

• The increased concrete cover could potentially protect the reinforcement better than a thinner
cover; however, it is suggested that the same cover be applied symmetrically, so that a high
geometrical eccentricity is avoided.

4. Conclusions

This paper investigated the thermomechanical behavior of textile reinforced cementitious
composites subjected to elevated temperatures. The specimens were made of a cementitious matrix
with quartz sand and technical textiles coated with styrene-butadiene coating. The heating of the
specimens was achieved by one-sided exposure, utilizing a standard fire curve (temperature versus
time), which was followed for 15 and 30 min, after which the specimens were cooled down naturally.
Flexural tests were performed to heated and not heated specimens, to determine their structural
degradation due to the high temperatures. Additionally, compressive tests were performed to heated
and unheated TRC specimens, for the same purpose. Moreover, coating burn-off tests were performed
to the textiles, to determine the mass loss of coating as a function of temperature. The basic conclusions
are the following:

• The most critical parameter that defines the residual strength of the TRC specimens after heating
is the coating of the textiles. After the 15-min long fire test, where the temperature at the effective
depth did not exceed 400 ◦C, the degradation was less severe, since the coating was not completely
lost (less than 30%). The specimens in this case contained hybrid reinforcement of glass and carbon
textiles and they suffered reductions of 74% and 48% in the initial and the post-cracking stiffness,
respectively. The maximum force also dropped by 25%, while the corresponding maximum
displacement increased by 68%.

• The textiles that were coated with a thermoplastic material retained a practically negligible
residual strength after being subjected to a 30-min fire test, where the temperature at the level
of the effective depth (most stressed fibers during the bending test) exceeded 500 ◦C. This
corresponds to a mass loss of 90% or higher and is explained by the fact that the loss of the coating,
which is an intermediate layer between the fibers and the matrix, leads to failure of the bond
between the fibers and the matrix. The same result was observed regardless of the fiber material
(glass or carbon), the thickness of the concrete cover (8 mm or 12 mm) and the moisture saturation
of the specimens (0% or 50%).

• The degradation of the mortar due to the high temperature was also significant and could be
another dominant parameter. Regarding the compressive strength and the elastic modulus, it was
observed that the latter dropped faster with respect to the temperature of exposure. However,
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in both cases the degradation was not severe until 200 ◦C (5% and 23%, respectively), while it
became critical at 500 ◦C (63% and 82% loss, respectively).

• The temperature profile within the cross section of the one-sided exposed specimens of TRC
was not uniform. Specifically, the temperature reduction through the top part of the specimens
appeared to be higher due to the lower thermal conductivity of the top, hotter, layers. Thus, the
concrete cover is also a potential critical parameter that could determine the residual strength of
the heated specimens. The effect of the concrete cover, though, was not quantified in this study.

• Finally, it was concluded that a highly asymmetrical design scheme can be disastrous for the case
of one-sided exposure to fire, since the double asymmetry (in heating and in axial stiffness) can
lead to premature failure of the specimens solely due to thermal stresses.
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Abstract: As a part of the SESBE (Smart Elements for Sustainable Building Envelopes) project,
non-load bearing sandwich elements were developed with Textile Reinforced Reactive Powder
Concrete (TRRPC) for outer and inner facings, Foam Concrete (FC) for the insulating core and
Glass Fiber Reinforced Polymer (GFRP) continuous connectors. The structural performance of the
developed elements was verified at various levels by means of a thorough experimental program
coupled with numerical analysis. Experiments were conducted on individual materials (i.e., tensile
and compressive tests), composites (i.e., uniaxial tensile, flexural and pull-out tests), as well as
components (i.e., local anchorage failure, shear, flexural and wind loading tests). The experimentally
yielded material properties were used as input for the developed models to verify the findings of
various component tests and to allow for further material development. In this paper, the component
tests related to local anchorage failure and wind loading are presented and coupled to a structural
model of the sandwich element. The validated structural model provided a greater understanding of
the physical mechanisms governing the element’s structural behavior and its structural performance
under various dead and wind load cases. Lastly, the performance of the sandwich elements, in terms
of composite action, was shown to be greatly correlated to the properties of the GFRP connectors,
such as stiffness and strength.

Keywords: reactive powder concrete (RPC); textile reinforced concrete (TRC); foam concrete (FC);
sandwich elements; wind loading; finite element analysis (FEA)

1. Introduction

At the end of the 1950s, precast concrete elements emerged as a popular cladding solution for
housing. Between the 1960s–70s, a renowned Swedish public housing project, entitled Million Program,
made use of prefabricated modular concrete to construct residential buildings [1]. During this era,
a number of realized European housing projects led to the extensive development of construction
techniques related to precast concrete. During the 1960s–80s, the precast concrete industry, pertaining
to the application of building envelopes, primarily made use of conventional steel reinforced concrete
(RC). RC elements, however, pose certain disadvantages, such as the need for a thick concrete cover to
protect the reinforcement. For instance, based on EN 206-1 [2], a recommended minimum concrete cover
thickness can amount to 30–35 mm, considering XC3/XC4 exposure classes. Accordingly, the thickness
of a facing can be around 80 mm, leading to not only a thick, but also a heavy, member. This issue
was tackled in a project funded by the European Commission, SESBE (Smart Elements for Sustainable
Building Envelopes). In SESBE, so-called smart facings were developed with several features: thin,
lightweight, and adaptable via the inclusion of nanomaterials. A precast cladding solution taking
the form of a sandwich element was developed using a combination of high-performance materials,
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such as Textile Reinforced Reactive Powder Concrete (TRRPC) for the facings, Foam Concrete (FC) for
the insulating core, and glass fiber reinforced polymer (GFRP) continuous connectors.

The thickness and weight reduction of precast concrete has been successfully achieved by
the development and application of new material alternatives. Conventional steel reinforcement
has, for example, been replaced by textile reinforcement, while high-performance concrete, such as
Ultra-High Performance Concrete (UHPC) or Reactive Powder Concrete (RPC), has replaced
normal concrete. Lately, innovative façade elements have been produced using UHPC or Textile
Reinforced Concrete (TRC), exemplified by ventilated façade cladding [3] and sandwich elements [4–6].
Progressively more UHPC (or RPC) has been applied in façade applications, as this composite material
has revealed extraordinary features, such as durability and high strength [7–9]. By embedding
textile reinforcement in this type of matrix, so-called Textile Reinforced Reactive Powder Concrete
(TRRPC), a versatile precast product [10] which enhances the post-cracking behavior of high-strength
concrete [5,11,12] can be assembled.

The design and verification of novel façade elements are typically realized by means of experiments
combined with numerical modelling. Small-scale tests at the material or component levels can be
initially conducted to gain knowledge related to flexural and composite behaviors of the developed
elements. Full-scale testing can thereafter be performed to evaluate the structural performance
according to e.g., service and ultimate loads. An example of this approach was presented in [13],
wherein the structural performance of precast concrete sandwich facings developed with a system of
FRP connectors was analyzed via small-scale and full-scale testing coupled with numerical analysis.
Another study focused on the experimental testing of components, so-called small-scale, paired with
the numerical analysis of the mechanical behavior of full-scale sandwich facings while using inverse
analysis and relevant codes for parameter estimation [14–16]. The flexural behavior of TRC sandwich
facings was investigated both experimentally and numerically in various works [17,18]. Moreover,
multiscale mechanical modelling of TRC sandwich facings (i.e., micro, meso and macro) compared to
macroscopic modelling in connection with experimental verification has also been shown to effectively
predict the structural behavior of such elements [19].

This paper presents the validation of the structural performance of the developed TRRPC sandwich
façade elements. Validation was established by means of a thorough experimental program coupled
with finite element analysis (FEA). Within the SESBE project, experiments were conducted on individual
materials (i.e., tensile and compressive tests) [11,20], composites (i.e., uniaxial tensile, flexural and
pull-out tests) [21] and components (i.e., local anchorage failure, shear, flexural and wind loading
tests) [22–24]. The experimentally yielded material properties were used as input for numerical
models to better understand the findings of various component tests and allow for further material
development. In this paper, a structural model of the element under wind loading was validated
via experimental results. Lastly, this model was expanded to a full-size sandwich element with and
without openings to further facilitate the prediction and analysis of its structural performance in
relation to a given design scenario and SLS and ULS requirements.

2. Sandwich Façade Element Concept

2.1. Sandwich Element Details

The sandwich elements were designed as prefabricated concrete cladding with a surface area
ranging from 7–10 × 2.7–3.0 m and weight of 2–5 ton, as per Figure 1. Conceptually, these elements
cover the standard height of one storey and are attached to the main load-bearing structure via
an anchorage system. Due to their immense size, these elements actively carry and transfer, e.g.,
self-weight and wind loads to the structure. Moreover, these elements consist of two facings made
of 25 mm thick TRRPC, which are separated by a FC insulating layer of 150 mm. Connectors made
of GFRP are embedded in the facings to ensure a certain level of composite action. Standard steel
anchorage systems are installed to fasten the façade element to adjacent elements or structural members.
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The individual components which make up the novel sandwich elements are further discussed in
Section 3.

Figure 1. Illustration of sandwich element concept with structural loads (wind and self-weight, in black)
and reaction forces (horizontal and vertical, in red).

Based on preliminary structural investigations in the conceptual phase, a thorough testing and
modelling program was defined, as per Figure 2, to enable the verification of the structural performance
of the elements at different phases, namely material development, component modelling and testing.
The numerical analysis and experiments were conducted parallelly with the material development
and characterization. Additionally, the evaluation was performed using an iterative process because of
the underlying interaction between the materials and components. As emphasized in Figure 2, this
paper focuses on presenting the methods and results pertaining to the local failure (anchorage) and
wind load experimental tests, along with the verification of the overall behavior and detailed model
of the sandwich element. The material development has been presented elsewhere for RPC [11,20],
FC [25], GFRP [22] and TRRPC [21]. The component testing and modelling related to connector local
failure and shear tests can be found in [24], and that concerning the four-point bending tests in [22].

 
Figure 2. Workflow diagram referring to the component testing and modelling (highlighted boxes are
principally covered in this paper). RPC: reactive powder concrete; FC: foam concrete; GFRP: glass fibre
reinforced polymer.
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2.2. Anchorage System

Based on the given design, the sandwich elements are subjected to two types of loads, namely
vertical permanent loads, i.e., self-weight (G) of element and horizontal variable loads caused by wind
(Wext and Wint). The subjected loading and reaction forces are schematically illustrated in Figure 1.
The self-weight of the element is assumed to be taken as a vertical reaction force (VE) at the bottom
anchors, and then transferred through the angle plate into the load bearing structure. The force
will be taken as contact stress at the lower edge of the element and will be considerably lower than
the compressive strength of the RPC. Alternatively, the vertical force can be transferred directly to
the element below as a self-supporting façade system. In addition, the anchors need to withstand
horizontal reaction forces (HEu and HEl) due to self-weight and both wind pressure and wind suction.
At the upper anchorage point, the horizontal reaction force is transferred to the angle plate by two
embedded bolt anchors (Figure 3a) and at the lower anchor details by one threaded stud inserted into
the embedded bolt anchor (Figure 3b). Hence, the element anchors will mainly be subjected to shear
load introduced at the bolt anchors. The shear load capacity of the anchors is more complicated to
determine by calculations, and therefore, needs to be verified by tests. For the sake of obtaining design
criteria, the shear capacity of the anchors was experimentally quantified in this project, as further
explained in Section 4.1.1.

 
Figure 3. Details of upper (a) and lower (b) element anchors.

3. Materials

3.1. Textile Reinforced Reactive Powder Concrete (TRRPC)

TRRPC is composed of an RPC reinforced by a carbon-based textile grid coated by epoxy.
Considering a precast concrete façade application, the RPC recipe includes large quantities of
supplementary cementitious materials (SCMs). RPC is synonymous to UHPC such that it consists
of six to eight different components and aggregate size of 2 mm or less. Table 1 presents the average
strength values for RPC, while other details can be found in [11].

Table 1. Average strength properties (28 days) for RPC (standard deviation in parenthesis), source: [11].

Property Average Values Test Description

Compressive strength [MPa] 147.2 (2.3)

Compression testsE-modulus [GPa] 49.7 (1.7)
Ultimate strain [%�] 3.9 (0.2)
Poisson’s ratio [–] 0.22 (0.02)

Tensile strength [MPa] 5.1 (0.5) Uniaxial tensile tests

The textile grid applied in the TRRPC consists of carbon fibers with an epoxy coating. Superior
bond properties between the concrete and textile are typically observed when epoxy is applied.
Individual rovings were tested in tension as per [26], which indicated that the tensile strength in the
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warp and weft directions was 3433 MPa and 3878 MPa, respectively. The Young’s modulus in the warp
and weft directions was 233 GPa and 248 GPa, respectively. These average values are similar to those
obtained by the producer.

The tensile behavior of thin TRRPC facings was quantified by means of uniaxial tensile tests
performed according to RILEM TC 232-TDT [27], with the addition of Digital Image Correlation
(DIC) measurements (refer to [21] for further details). The test specimens had dimensions of
700 × 100 × 25 mm and were reinforced by two layers of carbon grid. During testing, a relatively stiff
and linear behavior was noted prior to first cracking. First cracking thereafter occurred presumably
when the tensile strength of the concrete was reached (3 MPa). This was followed by load jumps
with minimal load increase, being indicative of multiple cracking along the specimen. Cracking
typically initiated in proximity to the lateral rovings, which were observed to be a location prone to
stress concentration.

3.2. Foam Concrete (FC)

FC, also known as cellular lightweight concrete (CLC), is applied as a thermally insulating layer in
the developed sandwich element. It is made of a lightweight cementitious material with the following
constituents: cement, sand, water and foam (water, air and surfactant). FC is typically made of a
minimum of 20% by volume of mechanically entrained air in the fresh cement paste or mortar [28].
Based on project findings, FC has a minimal environmental impact compared to other insulation
materials, such that it has ca. 70% lower embodied energy than expanded polystyrene (EPS) foam.
Additionally, under fire exposure, neither smoke or toxic gases are released. FC was optimized in
this project in terms of heat conductivity, density and compressive strength. Specifically, a thermal
conductivity between 0.04–0.06 W/(m·K) and a wet density between 200–300 kg/m3 were achieved.
By adding Quartzene® (Svenska Aerogel AB, Gävle, Sweden) [25] to FC, the thermal conductivity can
be reduced to 0.03–0.035 W/(m·K). The stiffness and compressive strength pertaining to FC, with a
density of 200–400 kg/m3, ranged between 5–37 MPa and 95–472 kPa, respectively. The addition of
polypropylene fibers (length of 12 mm), with a dosage of 0.25%-vol., improved both the material’s
handleability and post-cracking behavior. These mentioned supplementary constituents were excluded
in the FC incorporated in the sandwich elements.

3.3. Glass Fibre Reinforced Polymer (GFRP) Connectors

The composite action between the TRRPC facings of the element was enhanced by incorporating
GFRP truss-like connectors. The connectors were fabricated using pultruded bars made of E-glass
fibers impregnated with an epoxy resin. The bars, having a nominal diameter of ca. 6.1 mm, were
reinforced by a bundle of E-glass fibers to form helical ribs on the bar’s surface. In a half-cured state,
the bars were bent into a zig-zag shape, followed by final curing. Two configurations were studied in
this project, denoted as single (S) and double (D); see Figure 4a. A double connector is composed of
two single connectors mirrored with respect to the longitudinal direction and fastened at intersecting
points using plastic tie straps. The connector performance in an element was previously investigated
via modelling and testing on a component level [22,24]. As a result, the diagonal bars were observed
to be primarily loaded by axial tensile and compressive forces, as illustrated in Figure 4b.
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Figure 4. Photo of single (upper) and double connectors (lower) (a) and schematic of load transfer
between the two TRRPC facings and single connector in a sandwich element (b).

The incorporation of connectors in thin facings is generally challenging, as it may prove difficult
to enable load transfer without causing local pull-out failure at the connector. Accordingly, it was of
key importance to further understand the properties on both material and component levels. Tensile,
compression and pull-out tests were therefore performed; for details, refer to [22]. Table 2 provides the
experimental results for the given GFRP connectors.

Table 2. Average properties for GFRP connectors (standard deviation in parenthesis), source: [22].

Property Average Values Test Description

Ultimate tensile capacity [MPa] 1012 (35)
Tensile test ISO 10406-1 [29]Ultimate strain [%] 2.5 (0.1)

Young’s modulus [GPa] 40.3 (0.8)

Critical buckling load [kN] 1.7 (0.1) (1) Compression tests
Pull-out capacity [kN] 6.5 (0.5) Connector pull-out test

(1) Critical buckling load for a buckling length of 212 mm, corresponding to TRRPC facing distance of 150 mm.

The critical buckling load in compression was experimentally quantified for different buckling
lengths, based on the length of connector diagonals (inclination of 45◦) in elements with different facing
distances, i.e., dependent of the FC insulation thickness. In this study, the TRRPC facing distance was
set to 150 mm which corresponds to a buckling length of approximately 212 mm.

The pull-out capacity of the connectors was determined from small-scale tests. Pull-out tests were
conducted on connector segments cast in TRRPC panels (50 × 400 × 400 mm) with an embedment
length of 10 mm. To simulate the actual loading of the connector in a facing (see Figure 4b), loading was
applied axially along the connector at a 45◦ angle from the surface of the facing. The test parameters
presented here were established based on a parametric study conducted in this project to initially
evaluate the effect of embedment depths and connector types, see [24].

4. Methods

4.1. Experimental Methods

The material development and component testing phases consisted of an array of experimental
investigations, as previously depicted in Figure 2. Most of the methods have been published elsewhere
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as specified in Section 2, apart from the tests performed on anchors embedded in a TRRPC facing
and wind load testing on sandwich elements. Accordingly, the methods pertaining to these given
component tests are described in detail.

4.1.1. Anchorage Testing

The element anchor system, previously discussed in Section 2.2, was experimentally investigated
in this study. The main challenge associated with this system is such that the screw anchors should be
embedded in a thin TRRPC facing (25 mm) all while being able to effectively transmit the horizontal
forces from the sandwich element to the load bearing structure. The specimens (1360 × 1220 mm) were
designed as small-scale façade elements, according to that shown in Figure 5. The elements consisted of
two 25 mm TRRPC facings set apart by a 150 mm layer of FC. Both facings contained two carbon textile
grid layers, placed symmetrically in the center of the facings. The two TRRPC facings were connected
by two lines of GFRP connectors in each specimen. Each test specimen was provided with two upper
element anchor details and two lower element anchor details. The inner facing was strengthened
locally by increasing the facing thickness to 70 mm at the position of the two upper element anchoring
details, each consisting of two bolt anchors (M16 × 140). The upper thickened sections were reinforced
with one extra GFRP bar profile. The elements were also strengthened by a thicker section (70 mm)
along the lower edge of the inner TRRPC facing, in which the two lower bolt anchors (M16 × 140) were
incorporated. Six specimens were manufactured, and each element anchor detail was used for a given
test configuration.

Figure 5. Illustration of the anchor tests specimens.

The shear load capacity tests of the anchor details were conducted using a servo-hydraulic testing
machine. The shear load capacity related to the upper and lower element anchors was determined
by four different test cases to account for positive and negative wind load: (a) positive shear load at
upper anchors (Hup), (b) negative shear load at upper anchors (Hun), (c) positive shear load at lower
anchors (Hlp) and (d) negative shear load at lower anchors (Hln). Schematic illustrations of the set-ups
for the four different test cases can be seen in Figure 6. In the upper element anchor tests (cases a
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and b), the shear load (Hup and Hun) was applied to a steel profile connected to the two bolt anchors.
For the lower element anchors (cases c and d), the shear load (Hlp and Hln) was applied directly to a
threaded rod inserted in the bolt anchor. In test cases a and c, the specimens were placed directly on
the laboratory floor, as for cases b and d, the specimens were placed on two supporting steel profiles.
The load was applied using a displacement rate of 2.0 mm/min and was logged by a 100 kN rated load
cell (accuracy greater than 1%).

Figure 6. Schematic of the shear load capacity test set-ups; (a) positive shear load at upper anchors
(Hup), (b) negative shear load at upper anchors (Hun), (c) positive shear load at lower anchors (Hlp)
and (d) negative shear load at lower anchors (Hln). Red filled circle indicates loaded bolt anchors.

4.1.2. Wind Load Testing

Wind load tests were conducted to verify the overall structural performance and validate the
numerical model of the full sandwich element, all while considering the embedded connectors and
anchorage details. The wind load was applied incrementally in pressure and suction on full-scale
sandwich elements using a pressure chamber. The test specimens were produced to have surface
dimensions of 3.0 × 2.8 m2. The facings were made up of TRRPC with a nominal thickness of 25 mm
and the core consisted of a 150 mm FC insulation layer. Both facings contained two layers of carbon
textile grid.

Two element configurations underwent wind pressure tests, denoted as Single (S) and Double (D).
In Figure 7, the first element comprised five rows of single connectors with a c/c distance of 0.5 m
(dashed lines), while the second element had three rows of double connectors with a c/c distance of
1.0 m (dashed lines). The anchor details were designed similarly to that described for the anchor
specimens above. However, in these specimens, the upper thickened sections were reinforced with
one extra strip of carbon grid instead of a GFRP bar to simplify the production process of the elements.
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Figure 7. Illustration of wind load test on full sandwich elements: (a) single connector configuration (S)
and (b) double connector configuration (D).

Testing was performed in a pressure chamber (capacity of ± 3 kPa) configured as a four-sided
room with an opening on one side. The sandwich element was mounted in a steel frame, affixed at
the prescribed four anchorage points, then placed in the chamber opening, as depicted in Figure 8a.
This established connection allowed for the element to move freely during loading. To prevent air
leakage and pressure drop during testing, the gap surrounding the frame was sealed with elastic
sealing tape.

 
Figure 8. Photo of sandwich element mounted in the pressure test chamber (a) and location of
displacement transducers on inner TRRPC facing (b).

The simulated wind load was applied to the TRRPC facing at the inside of the climate chamber as
incremental sequences (0.5, −0.5, 1.0, −1.0, 1.5, −1.5, 2.0, −2.0 kPa) consisting of positive wind suction
followed by negative wind pressure and so forth. Load increments were manually set to the given load
level and then held constant for approximately 60 s before applying the following load level. The load
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was applied incrementally on each element as the capacities were initially unknown and it was of
interest to apply both suction and pressure on the elements.

The out of plane deformation of the inner TRRPC facing (facing out of the chamber) was measured
in relation to the steel frame of the chamber at seven points using displacement transducers with a
measuring range of ± 25 mm. The locations of the seven measurement points are indicated in Figure 8b.
Transducer positions 1, 2 and 3 measured displacements at mid-span, while positions 4, 5, 6 and 7
measured displacements near the top and bottom anchoring positions. During testing, the chamber
pressure and displacements were measured at a sampling rate of 20 Hz.

4.2. Numerical Modelling

A conservative numerical modelling approach was chosen in this work to capture the element’s
overall structural behavior. The individual components, i.e., facings, insulation and connectors, were
modelled as individual parts made up of structural elements, all while incorporating the interaction
between the different parts. This type of detailed global structural model is limited in the sense that it
is unable to capture local stress conditions fully accurately, e.g., locally at connectors and anchorage
details. As such, mainly bending failures are reflected in the analysis, whereas pull-out failure and
buckling of connectors or anchorage failures are not captured. These failure modes are thus verified by
local resistance models and/or verified by experimental values. Moreover, as a first step, the chosen
modelling concept was validated using the wind load test results, followed by a detailed analysis of a
full-scale element. The presented models incorporate the same modelling parameters, but differing
geometry, loading and boundary conditions.

4.2.1. General Parameters

To gain a deeper understanding of the performance of the developed façade elements, finite element
(FE) calculations were conducted in Abaqus/CAE 6.14-1 (Dassault Systèmes, Vélizy-Villacoublay,
France) [30]. The model consists of discrete parts describing TRRPC facings, FC insulation and
GFRP connectors. The thicker section along the lower edge of the inner TRRPC facing and the local
strengthening at the position of the two upper anchors were excluded in the model.

Based on the structural behavior observed in associated studies combining experimental and
numerical results on a component level, as reported elsewhere [22,24], the shear transfer through the
FC layer is assumed to be negligible. However, the FC takes on an important function of ensuring the
transfer of normal compressive stress between facings, which stabilizes and maintains the spacing
between the two facings. Accordingly, specific interaction conditions between the various layers were
prescribed to replicate this observed behavior; see Figure 9. Tie constraints were defined at the interface
between the inner facing and FC, which assumes full interaction between these layers. In contrast,
a frictionless contact condition was defined at the interface of the outer facing and FC.

The FC core was modelled using linear continuum shell elements with 8-nodes. FC was modelled
based on linear elastic material laws. A density of 300 kg/m3 was defined along with an experimentally
yielded value for the modulus of elasticity (10 MPa) and assumed Poisson’s ratio (0.1).

The TRRPC facings were modelled using the same type of shell elements as that applied for
FC. The mechanical behavior of RPC was incorporated by means of the Concrete damaged plasticity
model available in Abaqus with default field variables (dilation angle, eccentricity, etc.), refer to [30].
This continuum damage model for concrete is based on plasticity and adopts two failure mechanisms:
tensile cracking and compressive crushing of concrete. A linear elastic model was applied to describe
the compressive behavior, since the compressive stresses in the facings were presumed to be minimal.
As for uniaxial tension, the stress-strain response is linear elastic until reaching failure. A tensile
strength of 3 MPa was defined, which corresponds to the experimentally measured tensile strength
of a textile reinforced RPC facing, see Section 3.1. Moreover, in tension, a linear softening behavior
was defined for the phase after reaching the failure stress, assuming a fracture energy of 70 Nm/m2.
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Experimental data, presented in Table 1, was applied such that the modulus of elasticity in tension and
compression corresponded to 50 GPa, and Poisson’s ratio to 0.22.

Figure 9. Schematic of the prescribed interaction conditions for the FE-model.

The carbon textile reinforcement grid was incorporated into the model as embedded reinforcement
layers in the shell elements corresponding to the facings It is such that perfect bond between the
reinforcement and the concrete is assumed. This interaction choice limits the crack formation from
occurring within cracked regions according to the element size, as such individual localized cracking
cannot be captured. The shell elements were however sized in accordance to observed crack distances
of 40–50 mm, refer to [22]. The behavior of the reinforcement up to failure was modelled using linear
elastic material models. Experimental values (refer to Section 3.1) were used for the nominal tensile
strength (3433 MPa) and the modulus of elasticity (233 GPa). As a simplification, identical properties
were assumed in the longitudinal and transversal directions of the textile grid. The cross-sectional area
of each carbon grid layer was defined to be 85 mm2/m.

Linear beam elements were used to model the GFRP connectors [30]. The connectors (nominal
diameter of 6.1 mm), were attached to the center of the facings using tie constraints. On the conservative
side, no interaction was defined at the connector-FC interface such that the connectors were free to
deform, and a so-called initial connector imperfection was defined as 0.5 mm. Moreover, the GFRP
bars were modelled according to linear elastic material behavior. The experimentally yielded material
properties, i.e., modulus of elasticity (40.3 GPa) and nominal tensile strength (1012 MPa), applied in
the model are listed in Table 2. Since Poisson’s ratio was not tested, it was assumed to be 0.3 for the
purpose of the analysis.

The Newton-Raphson iteration method was applied to find equilibrium within each load increment.
Additionally, the feature named geometric nonlinear behavior was included in the analysis, i.e., second
order theory related to large deformations. Accordingly, geometrical changes of, for instance the GFRP
connectors, are included as a stiffening effect during the analysis (updating of stiffness matrix). Given
this formulation, the GFRP bars can undergo large deformations in the model but the actual failure
mode of the GFRP connectors is checked as a post-processing step with the experimentally yielded
critical buckling load and pull-out capacity.
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4.2.2. Wind Load Test Model

FE calculations were performed to simulate the wind load tests of the two sandwich elements,
as aforementioned in Section 4.1.2. A schematic of the 3D models developed for the two test
configurations are illustrated in Figure 10. The specimen was firstly subjected to the self-weight
corresponding to the various components, followed by the wind load, applied as a distributed pressure
on the outer surface of the facings. Subsequent steps alternated between positive wind suction and
negative wind pressure according to the scheme used in the tests.

The lower anchor points were restrained in y- and z-directions, while the upper anchor points
were only restrained in the z-direction; see Figure 10. However, the anchoring points were assumed
free to move in the horizontal direction parallel to the element (x-direction).

 
Figure 10. Schematic of FE model developed for the wind load testing with (a) single connector (S)
configuration (a) and double connector (D) configuration (b).

4.2.3. Full-Size Sandwich Element Model

A concept building consisting of residential apartments was defined to calculate the loading
schemes. The building is assumed to be situated on the west coast of Sweden. The building is
prescribed dimensions of 20 × 72 × 12.4 m (height × length × width). This scenario is limited to a
typical element design, as illustrated in Figure 1, which consists of the materials and layer thicknesses,
previously presented in Section 3. However, in this model, the TRRPC facings were limited to one
layer of carbon grid reinforcement placed in the center of the facing, as this was found to be a sufficient
amount of reinforcement for the applied design wind loads. Moreover, the study of the full-size
sandwich element was limited to consider only the double connector configuration developed in
this project.

The boundary conditions were the same as for the wind load test model described in Section 4.2.2,
i.e., vertical (V) and horizontal (Hl) forces are transferred to the load bearing structure via the lower
anchor points, while the horizontal (Hu) force is transferred by the upper anchor points.

The structural performance of the façade element was verified according to the limit state principle
of EN 1990 [31]. Typically, two types of loads are included in normal design situations: vertical
permanent loads from the facing’s self-weight (G) and variable horizontal loads from wind (W); see
Figure 1. The wind produces wind actions on the external (Wext) and internal (Wint) surfaces according
to EN 1991-1-4 [32]. Three load cases (LC) are thus investigated for the ultimate limit state (ULS) and
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the serviceability limit state (SLS). In LC1, the facing’s external surface is under pressure, while the
internal surface is under suction. In LC2, the external facing of the sandwich element is loaded in
suction, while the internal layer is loaded in pressure. As for LC3, the external and internal facings are
exposed to wind suction. The considered load combinations are stated in Equation (1) for SLS and in
Equation (2) for ULS:

1.0G + 1.0 (Wext +Wint) (1)

1.35G + 1.5 (Wext +Wint) (2)

These load cases correspond to different wind directions to which the building could be exposed.
The wind loads, given in Table 3, are calculated based on a concept building situated in Gothenburg
(basic wind velocity vb = 25 m/s) in terrain category IV, which is defined as an area in which at least 15%
of the terrain surface is covered by buildings with an average height greater than 15 m. Furthermore,
the presented numbers correspond to the most exposed parts of the building (worst case). The external
and internal wind load acting on the doors and windows are assumed to act on the edges of the
openings at the outer facing.

Table 3. Three wind load cases applied to sandwich element.

Load Case
SLS ULS

Wext [Pa] Wint [Pa] WSLS [Pa] Wext [Pa] Wint [Pa] WULS [Pa]

LC1 514 192 706 771 288 1059

LC2 −771 −128 −899 −1157 −192 −1349

LC3 −771 192 −579 −1157 288 −869

In the developed model, the sandwich element was first loaded by the self-weight and the wind
load actions up to the SLS. Thereafter, the additional self-weight and wind load actions corresponding
to the ULS were applied. Finally, the wind load actions were increased further until failure of the
element, if not reached at the ULS.

Verification at the ULS corresponds to the failure of the elements and related to human safety.
For the sandwich element, this mainly concerns checking for connector failure, connector pull-out
failure, textile grid failure and anchor failure. Concerning anchor failure, it should be verified that
the horizontal reaction force, i.e., shear load at the anchor, at the different anchor positions and load
combinations, are smaller or equal to the corresponding design shear load capacity according to
Equation (3). The performance of the anchors was experimentally investigated according to that given
in Section 4.1.1 and the design shear load capacities of the upper (HRup,d, HRun,d) and lower (HRlp,d,
HRln,d) anchors summarized in Table 4 in Section 5.1.

If HEu,d > 0 then HEu,d ≤ HRup,d otherwise
∣
∣
∣HEu,d

∣
∣
∣ ≤ HRun,d

and
If HEl,d > 0 then HEl,d ≤ HRlp,d otherwise

∣
∣
∣HEl,d

∣
∣
∣ ≤ HRln,d

(3)

Verification at the SLS, representing a lower load level, usually relates to appearance, functioning
and comfort of occupants, e.g., deflections and cracking. According to EN 1992-1-1 [33], the extent of
cracking shall be limited in order to ensure the adequate functionality or durability of the structure,
as well as to safeguard an aesthetically pleasing surface. The requirements of maximum crack width
are normally only valid for steel reinforced concrete structures. When carbon textile reinforcement
is used, corrosion is not a concerning issue because the grids are designed to be highly durable.
By comparing between different codes given in fib bulletin 40 [34], the crack width limits are less
restricted for FRP reinforced concrete. However, the knowledge is rather scarce, and it is stated that
in absence of information the limitations for steel reinforced concrete could be adopted also for FRP

165



Appl. Sci. 2019, 9, 2456

reinforced concrete. For the lowest exposure classes given in [33], the crack width has no influence on
durability and the given crack width limit of 0.4 mm is just set to guarantee acceptable appearance.
However, crack widths can also be controlled to satisfy specific aesthetic requirements. As stated
in ACI 533R-11 [35], the aesthetic effect of a crack in a facing is correlated to the surface’s texture.
For smooth surfaces, e.g., cast-in-place concrete, and coarse textured surfaces, e.g., exposed aggregate
concrete, crack widths limited by structural demands are considered aesthetic. Concerning high quality
smooth surfaces, it is recommended that cracking be limited to 0.13 mm for interior facings.

Table 4. Summary of anchor shear load capacity for the four load cases.

Test Case A B C D

Anchor position upper upper lower lower
Shear load direction positive negative positive negative

Number of tests 4 4 6 6

Average value HRup,m
[kN] 12.4 HRun,m

[kN] 12.1 HRlp,m
[kN] 8.7 HRln,m

[kN] 9.9

Standard deviation σ [kN] 1.0 σ [kN] 2.5 σ [kN] 1.0 σ [kN] 1.5

Coefficient of variation Vx [–] 0.08 Vx [–] 0.21 Vx [–] 0.12 Vx [–] 0.15

Characteristic fractile factor kn [–] 1.83 kn [–] 1.83 kn [–] 1.77 kn [–] 1.77

Characteristic value HRup,k
[kN] 10.5 HRun,k

[kN] 7.5 HRlp,k
[kN] 6.9 HRln,k

[kN] 7.3

Design value HRup,d
[kN] 7.0 HRun,d

[kN] 5.0 HRlp,d
[kN] 4.6 HRln,d

[kN] 4.8

According to [33], the function or appearance of a member or structure should not be negatively
impacted by deformation. In general, the limit of the design deflection is specified to either L/250 or
L/500, where L is the effective span of the element. In [35], deflection limits are given specifically for
non-load bearing precast wall elements, saying, deflection of any point on the facing measured from
its original position should not exceed L/480. For the element in this study, the more restrictive limit
according to [33] corresponds to a maximum deflection of 2800/500 = 5.6 mm.

5. Experimental Results of Element Tests

5.1. Anchor Shear Load Capacities

The anchor performance is studied based on the maximum shear load capacity yielded at failure.
For the four different load cases mentioned in Section 4.1.1, the average shear load capacity is provided
in Table 4, along with characteristic and design values. The design values of the shear load capacity
HR,d were evaluated according to Equation (4) as per EN 1990 [31]:

HR,d =
HR,k

γM
=

HR,m

γM
(1− knVx) (4)

where HR,k and HR,m are the characteristic and average values of the shear load capacity, respectively,
and γM is the partial factor for material properties. The partial factor for the RPC is assumed to be
equal to that of concrete. Tensile failure in RPC was the governing failure mode observed during
the anchor shear load tests, as shown in Figure 11. According to SIS-CEN 1992-4-1 [36], the partial
factor for concrete related to tensile failure modes under shear loading of headed anchors can be set
to γM = 1.5. Moreover, given that tensile failure is governing, the coefficient of variation Vx can be
assumed to be known in the selection of the characteristic fractile factor kn, based on the knowledge of
the coefficient of variation related to RPC’s tensile strength. The specified design values are only valid
for this specific anchor design, and should be treated as indicative only.
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Figure 11. Observed failure modes after shear load testing for cases (a–d).

5.2. Wind Load Test Results

The element performance is analyzed according to the resulting mid-span deflection of the element
in correlation with the applied wind load on the outer facing (i.e., facing interior of chamber). Wind
suction and pressure at the facings are represented by positive and negative values, respectively.
In Figure 12, the global behavior of the two tested elements, namely single (S) and double (D) connector
configurations, is shown as the wind load versus mid-span deflection (at locations 1–3 in Figure 8).
The deflections, d1–d3, were adjusted by deducting the average displacement at the position of the
anchors, i.e., global displacements of the element with respect to the test rig. It should be noted that
during the last wind load cycle, it was only possible to reach a pressure of approximately −1.9 kPa due
to small air leakage from the test chamber. It can be observed that both tested elements performed
similarly under cyclic loading. Only minor differences in element deflections at the position of the
three displacement transducers were noted, which confirms that the elements mainly bend about the
x-axis, as per Figure 10. Both elements exhibit a somewhat larger mid-span deflection during wind
suction compared to wind pressure, with a maximum deflection of approximately 4 mm at maximum
wind suction (2 kPa) which is less than L/500.

Figure 12. Wind load versus mid-span deflection (d1–d3) for single (S) connectors (a) and for double
(D) connectors (b). The deflection values are adjusted with respect to displacements at the anchors.

Given that the total wind load is distributed evenly between the four anchors, it can be assumed
that there is a linear relation between the horizontal reaction force at each of the anchors and the
applied wind load. Accordingly, this amounts to a maximum shear load at the anchors during testing
of approximately 4 kN at maximum wind suction and wind pressure. This shear load is well below the
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average measured capacities of the anchors reported in Section 5.1. Furthermore, after testing, some of
the smaller pre-existing shrinkage cracks in the facings had propagated slightly, but only a few new
minor cracks were detected. No cracks or damages were noted in the regions around the anchorages.

6. Numerical Results

FE calculations of the two wind load test configurations were performed to validate the model of
the sandwich element configurations, refer to Section 4.2.2. The validated models were then used to
analyze full-size sandwich elements with and without openings, refer to Section 4.2.3. It is worth noting,
that the model pertaining to the wind loading is intended to capture the overall structural behavior of
the element. As mentioned in Section 2, it is of key importance to validate that the developed model
of the sandwich element can effectively describe the most important phenomena and failure modes
governing the overall behavior of the elements.

6.1. Validation of Wind Load Test Model

Comparisons of the global behavior of the two sandwich elements, represented as wind load
versus mid-span deflection at locations d1–d3, are shown in Figure 13 for both single and double
connector configurations. It should be noted that the deflection related to FEA was measured in the
middle of the inner facing. Compared to the experimental results, the stiffness during the loading
sequences is captured rather well. The hysteresis effects in the unloading sequences are not fully
captured in the model. The incremental damage in the facings due to cracking was included. However,
in the experiments, a major part of the hysteresis effects can most likely be attributed to unforeseen
movements in the anchoring positions, which was excluded in the developed FE model. Another
factor which could influence the numerical results, is the fact that linear elastic material models were
assigned for all materials, except for the RPC facings. As such, these materials recover perfectly after
unloading in the model, which is not the case in the experiments. It is also important to note that
pre-cracks existed in the facings which could have also likely influenced the presented experimental
behavior. Despite these discrepancies, the outcome of the analysis is deemed suitable since the aim of
the model was primarily to simulate the behavior under static wind loading (load increments).

Figure 14 depicts contour plots at a wind pressure of 2.0 kPa of the out-of-plane displacement for
both single and double connector cases. From these figures, it can be seen that the elements mainly
bend about the x-axis, as per Figure 10, which confirms the experimentally observed behavior.

At a wind pressure of 2.0 kPa, corresponding to the maximum wind pressure of the climate
chamber, the compressive forces in the most stressed diagonal connectors were checked for both single
and double connector cases. For both cases, it was observed that the maximum compressive force was
−1.8 kN at this wind pressure. This compressive force very close to the experimentally yielded critical
buckling load (1.7 kN), see Table 2. At a wind suction of 2.0 kPa, the maximum tensile force in the most
stressed diagonal was 3.0 kN and 2.8 kN for single and double connector configurations, respectively.
These loads are well below the average value of the connector pull-out resistance of 6.5 kN, reported in
Table 2.

Contour plots of the maximum principle plastic strain, shown in Figure 15, indicate cracked
regions of the facings around the attachment of the connectors. The cracks were found to be larger at
the connector attachments at the location of the upper and lower anchors. For the element with single
connectors, as per Figure 15a, cracks also propagate from the attachment of the connectors towards
the vertical edges of the facing. It should be noted that all cracks can be defined as small if the strain
values are translated into crack widths. Moreover, the tensile stresses in the carbon grid were found to
be minimal at 2.0 kPa (for both pressure and suction), which is below the prescribed nominal tensile
strength of the reinforcement. For this reason, subsequent analyses only incorporated one layer of
carbon grid in each RPC facing.
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Figure 13. Comparison between experimental and finite element analysis (FEA) global behavior for the
two sandwich element configurations with single (S) connectors (a–c) and double (D) connectors (d–f).
Data pertaining to deflection locations d1–d3 are indicated in the figures.
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Figure 14. Contour plot of the out-of-plane displacement at a wind pressure of 2.0 kPa for element
with single (S) connectors (a) and element with double (D) connectors (b).

Figure 15. Contour plot of cracked regions, represented as maximum principle plastic strain, of the
facing at a wind pressure of 2.0 kPa for element with single (S) connectors (a) and element with double
(D) connectors (b).

6.2. Performance of Full-Size Sandwich Element

Analyses were performed on full sandwich elements having three different spacings between the
connectors. The outer connector lines were placed 100 mm from the vertical edges and one connector
line was placed at the position of each anchor line in all cases. Otherwise, the connector spacing for the
three spacing options was set to 0.5, 1.0 and 2.0 m. All options were analyzed for the three load cases
previously defined in Table 3.

The FEA results are summarized for the three different connector spacing options in Table 5.
At the SLS, the maximum displacement, umax, of the inner facing and the indication of cracking in the
facings at WSLS are given. At the ULS, the maximum horizontal reaction force at the upper anchors,
HEl,d, and lower anchors, HEu,d, together with the maximum pull-out force, FEpo,d, in the connectors are
given at the design wind load WULS. Furthermore, the maximum wind load, Wmax, is given, defined
as the wind load when the first limiting design criteria was reached. The ratio Wmax/WULS indicates
how much wind load above ULS that the sandwich element can withstand before reaching failure, i.e.,
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design criteria. The capacity of the anchors was the limiting factor in all cases, except in LC2 and LC3
for the configuration with the largest connector spacing (2.0 m), wherein the pull-out capacity of the
connector was limiting.

Table 5. Summary of results for the different connector distance configurations.

Connector
Spacing [m]

Load
Case

SLS ULS Failure

Umax

[mm]
Cracks

HEl,d

[kN]
HEu,d

[kN]
FEpo,d

[kN]
Wmax

[Pa]
Wmax/WULS

[–]
Failure Mode

0.5

LC1 0.8 Minor −3.5 −2.6 1.0 1420 1.3 Lower anchor

LC2 −1.1 Minor 3.5 4.3 1.8 −1590 1.2 Upper anchor

LC3 −0.8 Minor 2.1 2.9 1.4 −1590 1.8 Upper anchor

1.0

LC1 1.1 Minor −3.5 −2.7 1.5 1460 1.4 Lower anchor

LC2 −1.6 Minor 3.5 4.3 2.7 −1610 1.2 Upper anchor

LC3 −1.0 Minor 2.1 2.9 1.9 −1620 1.9 Upper anchor

2.0

LC1 1.5 Minor −3.4 −2.7 1.9 1470 1.4 Lower anchor

LC2 −2.0 Minor 3.5 4.2 3.3 −1550 1.1 Conn. pull-out

LC3 −1.2 Minor 2.1 2.8 2.4 −1450 1.7 Conn. pull-out

LC2 was found to be the worst load case for all three spacing options at the SLS with respect
to maximum displacement, and at the ULS with respect to maximum possible design wind load.
Put simply, the maximum wind load resistance implies that the concept building may also be situated
in terrain category III or have a total height of approximately 30 m in terrain category IV.

As can be noted, the deformations are rather small at the SLS, but the sandwich elements behave
slightly different depending on the connector spacing. In the element with the smallest connector
spacing (0.5 m), both facings work together and have nearly the same deformed shape; see Figure 16a,b.
However, in the element with the largest spacing (2.0 m) between the connectors, the facings work
more independently, thereby making the deformations more related to local bending of the individual
facings; see Figure 16c,d. Consequently, the behavior of the element with 1.0 m connector spacing is
somewhere in between these two options. The outer facing separates from the FC at some positions
because of wind suction. This effect is greatest for the facing with the largest connector spacing.
However, from the analyses it can be concluded that the maximum separation between the outer facing
and the FC is less than 0.6 mm at the SLS. At the SLS, only smaller cracked regions appear around the
connector attachments at the locations of anchors similar to that observed in the analyses of the wind
load tests. Accordingly, these regions increase in size at the ULS. For the element with a connector
spacing of 2.0 m, vertical cracks in the two outer spans appear above the ULS load in the outer facing
due to local bending.
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Figure 16. Out-of-plane deformation plots for LC2 at SLS for outer facing (a) and inner facing (b) for
element with 0.5 m connector spacing, and outer facing (c) and inner facing (d) for element with 2.0 m
connector spacing. Only half of the element is shown due to symmetry.

6.3. Performance of Full-Size Sandwich Element with Openings

The concept described for the full-size element, as per Figure 1, was applied in this analysis.
More specifically, the FE-model presented in Section 6.2 was modified to contain window and door
openings. To analyze the appropriate placement of the connectors in this given element configuration,
three cases were considered, namely Case I-III. The first case (Case I), i.e., reference case, consists of the
connectors being placed at the outer vertical edges and at the positions of the anchors as was the case
in full-sandwich element with a 2.0 m connector spacing. Furthermore, the analysis consisted of solely
applying LC2, defined in Table 3, as this was found to be the most critical load case at both the SLS and
the ULS. In LC2, the external facing of the sandwich element is under suction and the internal facing is
under pressure.

The deformed shape together with the out of plane displacement and cracks, represented as
maximum principle plastic strain, are shown for the SLS in Figure 17. As can be seen, the displacements
of the element are rather small, with a maximum value of approximately 3 mm. However, the
displacements due to local bending are rather pronounced at the openings, especially above and below
the door opening. This also leads to severe cracking of the facing in these regions. Cracks were also
observed around the connector attachments at the location of the upper and lower anchors and smaller
cracks at the corners of the openings.
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Figure 17. Case I: Contour plots of out-of-plane displacement (connectors in red) (a) and cracked
regions at the SLS (b).

In the second case (Case II), additional connectors were placed between the outer and inner
facings, horizontally along the upper and lower edges of the element. This stiffens the entire element
and consequently reduces the displacements of the element, especially at the door opening; see
Figure 18a. Furthermore, the amount of cracking was also drastically reduced, as depicted in
Figure 18b. Nevertheless, the local bending of the outer facing was quite noticeable around the
openings. To overcome this phenomenon, additional vertical connectors were placed on each side of
the openings, together with one additional short connector below each window opening in the third
case (Case III). These extra connectors reduced both the element’s global bending about the x-axis,
as per Figure 10, and the local affects around the openings, such that there were reduced displacements
and cracking; see Figure 18c. The maximum displacement at the SLS was reduced to slightly above
1 mm and first cracking in the outer facing took place at load levels above the SLS. Accordingly, the
cracking at the ULS is shown for Case III in Figure 18d.
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Figure 18. Case II: contour plots of out-of-plane displacement (a) and cracked regions at the SLS (b);
and Case III: contour plots of out-of-plane displacement at the SLS (c) and cracked regions at the
ULS (d).
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A summary of the FEA results pertaining to the sandwich element with openings with different
connector placement cases (Cases I-II) is provided in Table 6. For Cases I and II, the pull-out capacity of
the connectors resulted in the limiting factor for the maximum wind load resistance, while the capacity
of the anchors was governing for Case III.

Table 6. Summary of results for the different connector configurations subjected to LC2.

Case
Load
Case

SLS ULS Failure

umax

[mm]
Cracks

HEI,d

[kN]
HEu,d

[kN]
FEDO,d

[kN]
Wmax

[Pa]
Wmax/WULS

[−]
Failure Mode

I LC2 −3.0 Major 3.8 4.3 3.7 −1350 1.0 Con. Pull-out
II LC2 −2.6 Minor 3.7 4.1 3.3 −1530 1.1 Con. Pull-out
III LC2 −1.2 Minor 3.6 4.1 1.6 −1680 1.2 Upper anchor

7. Discussion

Within the scope of the SESBE project, the structural performance of a developed TRRPC sandwich
façade element was verified. Based on preliminary structural investigations in the conceptual phase,
a thorough experimental and modelling program was established. Experiments were conducted on
individual materials, composites and components. The experimentally yielded material properties
were used as input for the FE models, and the model was validated by its ability to reproduce the
findings in component tests. The modelling and testing have been performed in an iterative process,
in parallel with the development and characterization of the materials.

This paper presents an overview of the sandwich element concept, together with a description of
the different incorporated materials and components, e.g., TRRPC facings, FC insulation core, GFRP
connectors and anchoring details. Moreover, the structural model of the element was validated via
experimental data from wind load testing. Therefore, the overall behavior of the sandwich element
could be modelled in a realistic way while being subjected to wind loads. The resulting deformations
and cracking were also found to be within acceptable limits. Hence, within the project, it has been
proven through experimental data validation at different investigational levels, i.e., composite and
component, that the chosen modelling concept can describe the most important phenomena and
failure modes governing the overall behavior of the TRRPC sandwich element. Local failure modes
that are not directly captured by the structural model, such as connector pull out and anchorage
failure, are accounted for by design criteria determined by tests. The validated model was expanded
to a conceptual full-size sandwich element with and without openings to enable further prediction
and analysis of its structural performance according to a design scenario, as well as the SLS and
ULS requirements.

The sandwich element’s composite action is mainly dependent on the mechanical properties of
the GFRP connectors, i.e., strength and stiffness. The investigated connector solutions, single and
double, were deemed to have sufficient load resistance for the studied load cases. Concerning the
elements with a double connector configuration, the deflections were observed to be smaller as a result
of superior composite action. The double connectors also present the advantage of being able to carry
both wind suction and pressure. As demonstrated in the wind load tests and numerical modeling,
composite action can be further improved by simply minimizing the spacing between the connectors.
However, it was found in both practice and modelling that window or door openings in an element
limit the ability to use tight connector spacing. As an alternative, a combination of single and double
connectors can be applied in one element in accordance to the given design load.

For the sandwich element developed in this project, the FC core was shown to have an insignificant
role concerning shear transfer between the TRRPC facings. Normal compressive stresses can however
be transferred via the core, which in turn ensures a set distance between facings. The FC core also
stabilizes the connector diagonals in compression to some extent, but since the level of restraint is
uncertain, the connectors were assumed to be free to deform in the FE model. However, there is
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obvious potential in the further development of the mechanical performance of the FC core to increase
its contribution to the composite action.

Overall, since the cracking in the facings has been shown to be minimal for the relevant load
levels, it is acceptable to use only one layer of carbon grid reinforcement from a mechanical point of
view. By doing so, the amount of reinforcement grid would be reduced, and the related physical labor
simplified. Alternatively, additional reinforcement could be placed in specific regions where larger
cracking is expected, e.g., around openings.
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Abstract: Sandwich panels with textile-reinforced cement (TRC) faces merge both structural and
insulating performance into one lightweight construction element. To design with sandwich panels,
predictive numerical models need to be thoroughly validated, in order to use them with high
confidence and reliability. Numerical bending models established in literature have been validated by
means of local displacement measurements, but are missing a full surface strain validation. Therefore,
four-point bending tests monitored by a digital image correlation system were compared with a
numerical bending model, leading to a thorough validation of that numerical model. Monitoring with
a digital image correlation (DIC) system gave a highly detailed image of behaviour during bending
and the strains in the different materials of the sandwich panel. The measured strains validated the
numerical model predictions of, amongst others, the multiple cracking of the TRC tensile face and
the shear deformation of the core.

Keywords: finite element model; real scale bending experiments; shear; structural insulating
sandwich panel

1. Introduction

Structural insulating sandwich panels combine a lightweight insulating core with two thin stiff
faces, hence they can improve the energy efficiency of the building and provide the necessary structural
capacity. Due to this dual function, these panels are gaining more interest from the building industry,
as they are very suitable for nearly zero-energy buildings and contribute to reach the energy efficiency
objectives of the European Union.

Nowadays, pre-cast concrete sandwich panels are frequently used for walls in residential and
commercial buildings, since their energy efficiency and structural capacity are well-known [1–4].
The weight of these concrete sandwich panels can be drastically reduced by replacing the
steel-reinforced concrete faces by textile-reinforced cement (TRC) faces. Due to the use of textiles
instead of steel, the thick concrete cover (needed for durability reasons in case of steel) can be avoided.
This reduces the thickness of the faces, and therefore the weight as well.

The research groups of Hegger et al., Colombo et al., and Cuypers et al. investigated the behaviour
of sandwich panels with TRC faces by bending experiments [5–7]. Hegger et al. also added connectors
between the two faces to enhance the composite action of the panel [8]. The behaviour of TRC sandwich
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panels in compression, as well as their durability, has been recently explored by Tysmans et al. [9–11].
These studies represent the first step towards the application of TRC sandwich panels in residential,
public and industrial buildings, as cladding or wall panels [12,13].

In order to accurately and safely design TRC sandwich panels for their application, the prediction
of their behaviour under different loading conditions is indispensable. A few analytical models have
been already established in [14–16], while numerical models can be found in [17–19]. The established
numerical models were validated by experiments measuring the force-displacement behaviour or
local strains of the sandwich panels. Accurate full-field strains of the bending behaviour of TRC
sandwich panels to validate the existing models are, however, still missing in the current state of the
art. Therefore, four-point bending tests monitored by digital image correlation (DIC) were performed
in the scope of this paper, and were compared to results of a numerical model.

This paper shows a thorough validation of numerical bending models of TRC sandwich beams,
available in literature [6,19], by full-field DIC results on four-point bending experiments. While in
previous literature, the validation of the numerical model has been limited by local displacement
measurements, this paper shows a detailed comparison of the strains in the faces and the core.
The full-field analysis of the DIC measurements reveals four stages in the bending behaviour of the
sandwich beams, and shows the behaviour of each component material (faces and core) during the
experiments. This provides a more in-depth comparison and shows a good agreement between the
numerical prediction and experimental results. As a conclusion, it can be stated that the established
numerical model was validated and was able to simulate the behaviour in bending of TRC sandwich
panels with high confidence.

2. Materials and Methods

2.1. Textile-Reinforced Cement

The faces of the used sandwich panels were made of TRC plates consisting of a cement matrix
cast onto fibre textiles. The cement matrix was a self-compacting ordinary Portland cement (OPC)
composed of CEM I 52.5 R cement, fly ash, silica fume, silica flour, superplasticizer, and a water/cement
ratio of 0.15. The cement was commercially available as SikaGrout 217 [20], and had a maximum grain
size of 1.6 mm and a density of 2000 kg/m3. The compressive strength and compressive E-modulus
were 58 MPa and 26 Gpa, respectively. The compressive strength of the cement was experimentally
determined by calculating the average of seventeen cubes with dimensions of 150 mm × 150 mm
× 150 mm, in accordance with NBN EN 12390-3 [21]. The E-modulus was measured by applying
strain gauges on three cylindrical specimens (VUB, Brussels, Belgium) with a height of 230 mm and a
diameter of 104 mm, which were subjected to compression test according to [22].

The textile reinforcement used for the TRC faces was a combination of three-dimensional (3D)
and two-dimensional (2D) textiles. The 3D textile was a spacer textile, composed of two layers of 2D
textiles kept at a distance of 11 mm by polyester PET fibres. The 3D textile was combined with two 2D
textiles, one placed on the top and one on the bottom of the 3D textile, to increase the fibre volume a
fraction above the critical one (0.73%). The critical fibre volume fraction has to be exceeded in order to
create the strain hardening behaviour of the TRC. The critical fibre volume fraction was calculated by
the matrix tensile stress σmu, the E-modulus of the matrix Em, the fibre tensile failure stress σfu, and the
E-modulus of the fibres Ef:

Vf >
σmu

− Ef
Em

σmu + σmu + σf u

(1)

Both textiles consisted of alkali-resistant (AR) glass fibres placed in an orthogonal grid structure,
and are presented in Figure 1. With a thickness of the faces at 22 mm, the total fibre volume fraction was
2.98%, and the effective fibre volume fraction in the loading direction was 1.49%. The specifications of
both textiles are given in Table 1.
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(a) (b) 

 
(c) 

Figure 1. Textiles used in textile-reinforced cement (TRC): (a) three-dimensional (3D) textile,
(b) two-dimensional (2D) textile, and (c) a combination of 2D and 3D textiles.

Table 1. Specifications of both 2D and 3D textiles.

Fibre Material Density (g/m2) Spacer Distance (mm)

3D textile [23] AR-glass 536 11
2D textile [24] AR-glass 568 -

The textile-reinforced cement faces, made for mechanical characterization, were cast in wooden
moulds with dimensions as follows: height = 450 mm, width = 500 mm, and thickness = 22 mm. Before
placing the 2D and 3D textiles, a layer of 5 mm cement was cast in the moulds. When the textiles
were placed, the mould was filled with cement until a thickness of 22 mm was reached. Due to the
self-compacting nature and small grain size of the cement, it could easily flow through the textiles and
fill the mould. The moulds were covered with plastic foil, and the textile reinforcement cement plates
were left to harden for 28 days.

2.1.1. Tensile Behaviour of Textile-Reinforced Cement

The tensile behaviour of TRC faces was investigated in detail in [25]. A brief description is
given hereafter. The TRC faces of the sandwich beams were tested by a tensile test based on the
recommendation of RILEM TC 232-TDT [26]. A schematic presentation of the test is given in Figure 2a.
The dimensions of the specimens were as follows: length = 450 mm, width = 59 mm, and thickness
= 22 mm. A total of 15 specimens were tested in tension, with a rate of 1 mm/min. The obtained
stress–strain behaviour is presented in Figure 2b, which clearly shows three stages (indicated by I,
II and III). In the first stage, the matrix and textiles showed composite action resulting in an E-modulus
of 10.7 GPa. After reaching the matrix cracking stress of 2.28 MPa the second stage of multiple cracking
occurred until crack saturation was reached (at a strain of 0.0033), and resulted in an E-modulus of
0.34 MPa. The third stage—post-cracking—was mainly determined by the textiles, and resulted in an
E-modulus of 0.75 GPa and an ultimate stress of 7.43 MPa. The previously mentioned properties were
average values of 15 specimens, and were used to establish the average tri-linear tensile stress–strain
curve shown in Figure 2b.

 
(a) (b) 

Figure 2. (a) Tensile test set-up, and (b) tensile behaviour of TRC faces.
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2.2. Extruded Polystyrene Foam

The thermal insulation used for the sandwich beams was extruded polystyrene foam (XPS), in the
form of rigid plates with a density of 33.5 kg/m3, experimentally determined from six specimens.
The top and bottom surfaces of the rigid insulation plates were imprinted with a rhombus pattern
to provide mechanical interlocking and a better stress transfer between the TRC faces and the core.
The finishing of the surfaces is shown in Figure 3a. The thickness of the foam blocks was 160 mm.

 
(a) 

 
(b) (c) 

Figure 3. (a) Rhombus pattern on the faces of the rigid insulating extruded polystyrene foam (XPS)
plates, (b) directions of the foam, and (c) compression test results in the different directions of the
XPS foam.

2.2.1. Compressive Behaviour of XPS

Due to the extrusion production technique, the foam behaved differently in all three directions.
Four compression tests on XPS cubes in every direction of 160 mm × 160 mm × 160 mm were
performed in accordance with ASTM C165 [27], in order to determine the E-modulus and ultimate
compressive strength of the foam. The best performance, in terms of stiffness and strength, was found
in the thickness direction (see Figure 3c). The ultimate strength for the longitudinal, transversal,
and thickness direction equalled 0.09MPa (σcl), 0.29 Pa (σctr), and 0.52 MPa (σcth), respectively.
The E-modulus was equal to 3.61 MPa (Ecl), 17.04 MPa (Ecp), and 20.6 MPa (Ect) for the longitudinal,
transversal, and thickness directions, respectively.

The shear strength and modulus of the XPS foam were determined by bending tests on four
sandwich beams, with a span of 1 m and a width of 400 mm each, as described by the standard NBN
EN 14,509 (2013) [28] (see Figure 4). This led to a shear modulus (Gc) of 4.7 MPa, and an ultimate shear
strength (τc) of 0.24 MPa.

 
(a) 

 
(b) 

Figure 4. (a) Force-displacement curves of bending tests performed to determine the shear strength of
the core, and (b) the set-up of the bending test.

2.3. Production of Sandwich Beams

The construction of the sandwich beams was done in multiple phases. First, the XPS foam was
placed into the mould so that the transversal direction of the foam (see Figure 3b) was aligned with the
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span of the beam. A thin cement layer of 5 mm was cast onto the XPS foam block, on which the 2D
and 3D textiles were placed. The advantage of using a 3D textile was that the textile layers were kept
directly at the right distance from each other. Afterwards, fresh cement paste was cast on the textile,
until the face thickness of 22 mm was achieved. The self-compacting properties of the cement paste
made it flow easily through the textile reinforcement and spread over the whole surface. In the next
step, the surface was covered to reduce evaporation. After 24 h of hardening, the beam was turned
over, and the second face was cast onto the XPS foam in the same way as the first face.

2.4. Four-Point Bending Set-Up

The load-deformation behaviour of the sandwich sections was investigated by means of a
four-point bending set-up. This set-up allows for an area with a constant moment, where tensile
stresses in the lower TRC face dominate. Furthermore, the set-up provoked shear stresses in the core
between the supports and loading beams.

Four sandwich beams, with a span of 2.2 m between the supports, were tested in four-point
bending with a displacement rate of 10 mm/min. The distance between the applied forces was 0.5 m,
while the width and thickness of the beam were 0.4 m and 0.204 m (see Figure 5). The production
process of the sandwich panels was explained in Section 2.3. During the test, the specimens were
monitored with two DIC systems. DIC is a non-destructive measurement technique that records
displacements of the entire observed specimen surface (by means of a speckle pattern), from which
strains can be calculated. The displacements are related to a reference image taken at a zero-load
step [29]. This measurement technique has proven to provide detailed information on textile and
fibre reinforced cement application, as explained in [30] and [31]. The field of view of each system is
captured a length of 600 mm along the length of the sandwich beam, starting from the middle of the
beam (see Figure 5b).

 
(a) 

 

(b) (c) 

Figure 5. (a) front view of four-point bending test, (b) top view of four-point bending test, and (c)
picture of test set-up.

183



Appl. Sci. 2019, 9, 1253

3. Numerical Model Definition

3.1. Material Definition

The numerical modelling was performed in the finite element software ABAQUS/Explicit [32].
Non-linear material behaviour is applied by means of different prescribed material models in the
program. The tensile and compressive behaviour of the TRC faces was implemented by combining
the elastic and concrete damaged plasticity (CDP) material model. The compressive behaviour of the
TRC faces was implemented in the elastic material model. Hence, the linear elastic behaviour was
described by the compressive E-modulus of 26 GPa and the Poisson ratio of 0.21 [33] of the cement.
For the CDP model, the requested input parameters were the dilation angle (ψ = 36), the potential
flow eccentricity (ε = 0.1), the proportion of the ultimate compressive stress in a biaxial test to the
uniaxial compressive stress (fb0/fc = 1.0), the shape of the deviatoric cross section (Kc = 0.667) and
the numerical viscosity parameter (μ = 10−7). The values of these parameters were based on the
ones described in [34]. Besides previously mentioned parameters, the non-linear tensile behaviour
and ultimate compressive strength of the TRC were implemented in the uniaxial tensile stress-strain
input of the CDP model. The compressive strength was limited to 58 MPa, while the complete tensile
behaviour of the TRC faces, including the linear elastic part, was inserted. The used characteristic
values are shown in Table 2.

Table 2. Characteristic values for the average tensile TRC curve.

Matrix
Cracking

Stress

Matrix
Cracking

Strain

End of Multiple
Cracking Stress

End of Multiple
Cracking Strain

Ultimate
Failure Stress

Ultimate
Failure Strain

2.28 MPa 0.00022 3.38 MPa 0.0033 7.43 MPa 0.0087

The initial linear elastic behaviour of the XPS foam was implemented by the elastic material
model, and defined by the E-modulus and the Poisson ratio. The E-modulus, inputted into the
numerical model, was based on the previously determined shear characteristics. Linear elastic
analytical bending models for sandwich panels, described in [35,36], show that the deflection due to
shear (80%) was significantly larger than the deflection due to bending (20%). Therefore, the applied
E-modulus was calculated from the shear modulus (see Section 2.2) and the Poisson ratio (0.5) [19] of
the XPS core.

The non-linear behaviour of the foam was modelled by the crushable foam–volumetric foam
hardening material model. This model took into account the increased deformation of the foam in
compression due to buckling of the cell walls, but required an isotropic material [32]. The crushable
foam model requires the following parameters: the ratio between the initial yield stress in uniaxial
compression and the initial yield stress in hydrostatic compression σc

0/p0
c (compression yield stress

ratio), as well as the ratio between the hydrostatic tension and the initial yield stress in hydrostatic
compression pt/p0

c (hydrostatic yield stress ratio). The hydrostatic tension and initial yield stress
in hydrostatic compression were set to 0.15 MPa and 0.14 MPa, respectively, as described in [19].
The initial yield stress in uniaxial compression was determined experimentally and set to 0.21 MPa
(see Figure 3c). These values led to a compression yield stress ratio of 1.5 and a hydrostatic yield
stress ratio of 1.07. The nonlinear behaviour of the foam was implemented through the yield stress
and uniaxial plastic strain obtained from the average stress–strain curve of the thickness direction
(Figure 3c). This non-linear material model implies the use of a dynamic explicit analysis, which is
implemented with a time period of 10 and a mass scaling factor of 0.000001, in order to improve the
speed of the analysis.
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3.2. Cross Section and Boundary Conditions Modelling

A numerical model was established to simulate the four-point bending behaviour of sandwich
beams with TRC faces, in order to compare it with experimental results of the same sandwich beams.
In this way, more confidence in the numerical model was gained.

Both the faces and the core were defined as solid homogeneous sections in the numerical model
and, were discretised by eight-node linear brick elements (C3D8R). The elements size was 35.7 mm ×
3.6 mm × 200 mm (w × h × d) for the faces and 35.7 mm × 13.3 mm × 200 mm (w × h × d) for the
core. Six elements were stacked over the thickness of the faces, and twelve over the thickness of the core
of the sandwich beam. The mesh size was the result of a convergence study on the force-displacement
behaviour of the sandwich beam, as well as on the stress and strain output. Multiple elements were
necessary throughout the thickness of the faces to evaluate the stress/strain distribution over the
thickness. Only one element was assumed over the width of the beam, since the load distribution,
and therefore also the beam response, was assumed to be uniform. The mesh is shown in Figure 6.

Figure 6. Numerical bending setup.

The contact between the rigid bodies (loading beams and supports) and the sandwich panels
was established by a frictionless and hard contact interaction. The bond between the core and faces,
however, was considered perfect, since no debonding was encountered during the experiments.
Hence, the surfaces of the core and faces were modelled by a cohesive surface interaction, without
defining damage interaction, defining a perfect bond. The default contact enforcement method was
implemented, meaning that the elastic properties of the bond are based on the underlying element
stiffness [32].

To simulate the bending behaviour of the sandwich beams, two rigid bodies and symmetry planes
were used. In order to limit the number of elements, and therefore also the calculation time, symmetry
boundary conditions were used in the XY and YZ planes. The results, however, can be plotted for
the whole beam. One of the rigid bodies represents the support, while the other represents one of the
loading beams. The support was restricted in the X, Y and Z directions, and could only rotate around
the Z-axis. The loading beam was restricted in the X and Z directions, and could rotate only around
the Z-axis.

For convergence reasons, the imposed displacement was performed with a smooth amplitude,
so that the increments were smaller.

4. Results and Discussion

Figure 7a shows the force-displacement graph of a sandwich beam under four-point bending
(as described in Section 2.4. Four-Point Bending Set-Up), where the displacement is measured at the
tensile face of the beam underneath the loading pins by Linear Variable Differential Transformers
(LVDTs). The orange curve shows the prediction by the numerical model, and the blue curve gives
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the average of the experimental results. The grey area shows the scatter on the experimental results.
During the experimental campaign, four sandwich beams were tested. All sandwich beams failed by
shear failure of the core, as shown in Figure 7b.

 
(a) 

 
(b) 

Figure 7. (a) force-displacement curve of the four-point bending tests on sandwich beams with
TRC faces and the numerical prediction, and (b) failure in the shear of the core of a representative
sandwich beam.

4.1. Numerical Model

The established numerical model revealed multiple stages in the bending behaviour of the TRC
sandwich beams, based on the stress and strain development in the different materials of the sandwich
beam. Four stages were distinguished, and indicated with I, II, III, and IV in Figure 7a. The first stage
showed linear elastic behaviour of the beam. At a load of 5 kN (start of stage II), the matrix cracking
stress of 2.28 MPa was reached at the surface of the tensile face, in the area with the constant moment
(see Figure 8), which physically corresponds to the initiation of the first crack. The first crack initiation
and the development of multiple cracks in the tensile face of the beam are specified for the second stage
in Figure 7. Once the matrix cracking stress reaches through the complete thickness of the face (at a
load of 10 kN in Figure 7, and illustrated in Figure 9), a clear reduction in stiffness was noticed, leading
to the start of the third stage. Starting from a load of 25.5 kN, the core no longer deformed linearly and
elastically but plasticly (see Figure 10), which led to another reduction in stiffness and the start of the
fourth stage. The part of the plastic shear strain and total shear strain strain are presented in Figures 10
and 11, respectively. The maximum displacement in Figure 7 was a result of the applied maximum
displacement of 100 mm during the analysis. Failure of the TRC sandwich beam was obtained when
the ultimate shear stress (0.24 MPa) of the core was reached, which happened at a displacement of
91 mm as illustrated in Figure 12.
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(a) (b) 

Figure 8. Start of the second stage, where the matrix cracking stress is reached at a vertical load of 5 kN.
(a) Vertical displacement (U, in mm) and (b) horizontal stress (S, in MPa) in the tensile TRC face.

(a) (b) 

Figure 9. Start of the third stage at a load of 10 kN. (a) Vertical displacement (U, mm) in the middle
of the beam; (b) the matrix cracking stress (S, in MPa) reaches through the entire cross-section of the
tensile face in the constant moment area.

(a) (b) 

Figure 10. (a) Vertical displacement (U, in mm) at the start of the fourth stage (25.5 kN), and (b) plastic
shear strain (PE [-]) of the core at a load of 25.5 kN.

Figure 11. Total shear strain at a load of 25.5 kN.
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(a) (b) 

Figure 12. (a) Vertical displacement (U, in mm) of 91 mm, and (b) shear stress in the core at a
displacement of 91 mm.

4.2. Experimental Results

A good correspondence between the numerical prediction and the experimental results was
obtained; however, only three of the four stages were clearly visible in the experimental results.

In the first stage, both the faces and the core behaved linearly elastically. After reaching the
matrix cracking stress in the area of the constant moment, the bottom face started to crack, indicating
the start of stage II in Figure 7a. Figure 13 shows the longitudinal strains in the sandwich beams
measured by both DIC systems, and therefore shows the appearance of the first crack after reaching
the ultimate matrix cracking strength. These strain plots must be interpreted carefully. Strain results of
the DIC technique were calculated from the average displacements, meaning that the displacements in
the neighbourhood of cracks were responsible for apparent high strains at the location of the cracks.
In reality, however, the strain in a crack is zero, so strain colormaps, as in Figure 13, can only be used
to identify crack patterns; no significance should be attributed to the value of the strain in the vicinity
of a crack. Simultaneously, the core showed a linear elastic shear strain, as shown in Figure 14.

Figure 13. Longitudinal strain at the start of stage II, when the first crack appears at a bending load of
5 kN.

Figure 14. Shear strain of the core in stage II, at a bending load of 5 kN.
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During stage III, cracking and propagation of the cracks occurred as shown in Figure 15. Since
the highest tensile stress occurred in the area with the constant moment, most of the developed cracks
are located between the loading beams.

Figure 15. Longitudinal strain εxx at a load of 16 kN.

At a load of 26 kN (stage IV), the tensile face showed multiple cracking and the saturation of
cracks between the loading beams (see Section 2.1.1), while the core reached a shear strain of 0.019,
which is equal to the plastic shear strain of XPS. Both the tensile strain of the tensile face and the
shear strain of the core are shown in Figures 16 and 17. The numerical model, however, predicted the
plastic shear deformation of the core at a load of 25.5 kN. The observed phenomenon, plastic shear
deformation of the core, was the same for the experiments and the numerical prediction. Also, the
degradation of the stiffness corresponded well. The core continued deforming plastically, until its
ultimate shear stress was reached and failure of the core occurred.

Figure 16. Longitudinal strain εxx at a load of 26 kN.

Figure 17. Shear strain εxy at a load of 26 kN.

4.3. Strain Comparison with the Numerical Model

The numerical prediction of the bending behaviour of sandwich beams, indicated by the orange
dotted line in Figure 7, was established as explained in Section 3. In terms of force-displacement
behaviour, a good agreement between the experimental and numerical results was obtained. Due to the
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full-surface DIC analysis, a more detailed comparison between the experimental results and numerical
model could be performed in terms of strains, leading to a thorough validation of the model.

The strains in the TRC faces during the experiments were derived from the DIC results by
artificially adding an extensometer between the loading beam and the middle of the beam (in the area
of the constant moment). These artificial extensometers calculated the strain between two points, by
dividing the measured displacements during loading by the initial calculated distance. In this way,
an average shear strain in the area with the constant moment was obtained and quantified during
the experiment. Since two DIC systems were used to monitor the full beam, the average of both
systems was calculated, so that the complete area of the constant moment was covered (see Figure 18b).
The strains of the numerical model were determined by calculating the ratio of the difference in
longitudinal displacement between the middle of the beam and a point below the loading pin at the
tensile face, and the initial distance between the same point (250 mm).

 
(a) 

 
(b) 

Figure 18. (a) Longitudinal strain in the tensile face of sandwich beam, obtained from the experimental
results and numerical results; (b) schematic presentation of the artificial extensometers added on the
DIC images.

The comparison of the experimental and numerical strains in the tensile TRC face are shown in
Figure 18a. Both experimental and numerical longitudinal strains in the tensile face of the sandwich
beam showed non-linear behaviour, as depicted in Figure 18a. The numerically implemented tri-linear
tensile behaviour of the TRC is clearly visible in the tensile face of the sandwich beam in the bending
of the numerical model. The number and place of the cracks in the tensile face cannot be predicted,
which resulted in scattered experimental strain results in the tensile face. Due to this scatter, the
experimental results showed a less pronounced tri-linear behaviour, but still follow the numerical
tendency and showed the non-linear behaviour as predicted by the numerical model.

The core behaved plastically between the loading beams and the supports in the fourth stage,
meaning that the plastic shear strain was reached at the beginning of this stage. Figure 19 shows the
shear strain of the numerical prediction at a load of 26 kN, which was the start of the plastic shear
behaviour in the experiments. These strains were compared with the experimental shear strains shown
in Figure 19 and gave an identical strain distribution, with the maximal shear strain at the middle of the
beam’s height. Nonetheless, in the numerical analysis shear strain concentrations were noticed at the
interface between the face and core, causing an overestimation of the shear strain. These concentrations
were assumed to be due to the perfect bond, as simulated in the numerical model.
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Figure 19. Shear strain in the core predicted by the numerical model, at a load of 26 kN.

Figure 20 shows the shear strains in the core at ultimate failure for both the experimental and
numerical results of the sandwich beam. The same tendency was noticed for the numerical and
experimental shear strain, which was limited in the area with the constant moment and increased
outside the loading beams, where the highest shear forces were expected. Due to the perfect bond
hypothesis in the numerical model, the shear strains were slightly overestimated.

Figure 20. Comparison of the shear strain at failure load.

5. Conclusions

This paper presents a detailed comparison between a numerical prediction and experimental
results of TRC sandwich beams under four-point bending by means of DIC. The numerical model
considered the non-linear behaviour of both the TRC faces and the XPS foam core. A first comparison
was made based on the force-displacement behaviour, which gave a good correspondence between the
numerical prediction and the experimental results.

The stress and strain predictions of the numerical model identified multiple stages in the bending
behaviour of the sandwich beams, which were confirmed by the experimental results. In the first stage,
both the TRC faces and the XPS core behaved linearly elastically. Once the TRC tensile face started to
crack, the second stage started. The four-point bending tests ended when the sandwich beams failed
by shear failure in the core.

Thirdly, the tensile and shear strains obtained from the experiments and numerical simulation
were compared. The TRC tensile strain was taken in the lowermost layer of the tensile face in the
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area of the constant moment, both for the numerical model and for the experiments. Both the tensile
strain in the face and the shear strain distribution in the core corresponded well, indicating that the
numerical model can reliably predict the experimental strains.

In conclusion, this paper showed how the use of the digital image correlation measurement
technique allows for a full-field displacement and strain measurement of TRC sandwich beams, as
well as the monitoring of the evolution of the crack pattern in the TRC faces. This detailed validation
of the established finite element model contributes to the state of the art on the behaviour of TRC
sandwich panels.
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Abstract: A reliable and economic utilization of textile-reinforced concrete in construction requires
appropriate design concepts. Unlike designs for bending, the development of models for shear is still
the subject of current research. Especially for thin slabs, systematic experimental investigations are
lacking. In this paper, the results of an experimental campaign on 27 carbon-textile reinforced slab
segments tested in three-point bending are presented. The shear-span to depth ratio and member
size were key variation parameters in this study. Increasing the structural depth of members led to
a reduction in relative shear strength, while variation of shear slenderness controlled the efficiency
of direct stress fields between load introduction and support. Interestingly, direct load transfer
was activated up to a shear slenderness ratio of 4, which is significantly higher than in reinforced
concrete (a/d < 2.5–3) and may result from the bond characteristics of the textile reinforcement.
The experimental shear strengths were compared to predictions from existing models for shear of
fiber-reinforced polymer (FRP)-reinforced concrete. The study shows that these FRP calculation
models also predict the ultimate shear force for textile-reinforced concrete (TRC) tests presented in
this paper with sufficient accuracy. Existing approaches for the size effect seem transferable as well.
In order to validate the models for general use in TRC shear design, a compilation and comparison
with larger experimental databases is required in future works.

Keywords: shear; textile-reinforced concrete; carbon concrete composite; design provisions;
size effect; shear span

1. Introduction

Textile-reinforced concrete (TRC) combines high-performance non-metallic textile grids as aligned
internal reinforcement with state-of-the art concrete technology. The resulting composite material
makes a re-thinking of established construction methods possible [1–4]. The resistance to corrosion
of the textiles permits reduced concrete covers and structural depths and supersedes additional
protective polymeric layers (e.g., [5–7]). The higher tensile strength of reinforcement fibers, such as
carbon, compared to typical reinforcement steel allows for further optimization of cross-sectional
designs. With smart use of these materials, large resource savings can be realized in specific areas
of concrete construction [8,9]. However, successful dissemination of TRC in practice depends on the
availability of accurate and reliable, yet easy-to-use, design models [10].

In contrast to design for bending, both engineers and researchers are still confronted with
fundamental questions regarding shear design of textile reinforced concrete for new constructions.
While numerous applications [11–14] and first general approvals for thin façade panels exist [15],
there is no design model for thicker TRC slabs between 5 cm and 20 cm with substantial shear loads,
e.g., due to concentrated loads near supports. Slabs with such dimensions have high potential, both for
bridges and in high-rise construction. Recent projects in Germany show the application for pedestrian
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bridges [16–19] as well as for small road bridges [20], especially in the transversal structural system.
TRC slabs do not require additional protective layers (e.g., epoxy coating or bitumen) and thus the
concrete can be driven or walked on directly. In high-rise construction, a promising application for TRC
slabs are multi-storey car parks [21], where the question of corrosion-resistance because of exposition
to deicing-salt as well as the maximization of clear floor height without increasing the building height
dominate the design—both are strong arguments for the use of TRC.

The ongoing research on fundamental shear design models [22–27] and the numerous current
research projects on shear in Europe [28–37] indicate that this topic is far from being solved for
steel reinforced concrete. This foreshadows the long and tedious way toward an adequate level of
knowledge on shear design of TRC.

TRC distinctly differs from fiber reinforced polymer (FRP) bar reinforced concrete, which is much
more comparable to conventional concrete in component size, reinforcement diameter, stiffness in
transversal direction, and shape. For FRP, extensive research exists on elements without (e.g., [38–46]
and with (e.g., [47–51]) transversal reinforcement. Due to the great experience in research and practice,
there are design provisions in several international codes (e.g., [52–54]). However, in contrast to
FRP-reinforced concrete, research on TRC is still in its infancy. The existing models for FRP are an
excellent starting point, but research on TRC should check unbiasedly fundamental assumptions on
load-bearing mechanisms in order to avoid fallacies in design. The “riddle of shear” (Kani’s famous
dictum in [55]) for TRC is one of those fundamental topics targeted in a large-scale coordinated research
program on TRC and carbon reinforced concrete in Germany named “Carbon Concrete Composites
(C3)-Project” [56]. In the subproject C3-B3 [57], experimental and theoretical investigations on shear
were performed by the Institute of Structural Concrete at RWTH Aachen University. Meanwhile, other
researchers in Europe are investigating similar issues on shear capacity of filigree TRC beams [3,58] or
the capacity of 3D textile reinforced elements [59].

The aim of the present article is to give insight on fundamental questions for shear design of
TRC without shear reinforcement. Using the results of a systematic experimental investigation on slab
segments, the influence of the component’s height and the effect of shear slenderness are discussed.
The comparison of shear capacity predictions from selected existing models to the test results indicates
that TRC with epoxy-impregnated carbon textiles as longitudinal reinforcement exhibits a similar
shear behavior compared to steel- or FRP-reinforced concrete components. This is the first step toward
the transfer or adaption of existing shear design models to TRC.

2. Experimental Investigation on Shear Capacity

2.1. Test Setup and Instrumentation

For the experimental study of the shear capacity, single-span slab segments with single loading in
mid-span were tested. The test setup was variable and scalable, which allowed a systematic parameter
study. Figure 1 shows the test setup. The load was introduced under displacement control by means
of a steel roll along the width of the specimen. An elastomer strip prevented local stress concentration
on the upper surfaces of the specimens. The load rate was chosen to 1 mm/min. One fixed and one
free roll were used to guarantee vertical support without horizontal constraints.

The vertical displacements were measured by two linear variable displacement transducers
(LVDT) at mid-span. The longitudinal strain was tracked by a concrete strain gauge on top of the
specimen in mid-span between two steel load-introduction plates and by an LVDT with a measuring
length of 25 cm fixed to the bottom of the specimen. The load was measured continuously by a built-in
load cell of the electric testing machine (100 kN maximum load capacity).
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Figure 1. Test setup and instrumentation for three-point bending tests.

2.2. Variation of Parameters

The experimental program focused on the investigation on the variation of two parameters,
the shear slenderness a/d and the effective depth d (Table 1). By varying the shear slenderness,
one could investigate the increase in shear capacity due to concentrated loading near the supports
and the formation of direct compression stress fields. The variation of the effective depth allowed
for analysis of the size effect. All other parameters with an assumed influence on the shear capacity
were kept constant. The geometrical ratio of longitudinal reinforcement ρ (cross-sectional area of
reinforcement divided by effective depth and width) was chosen as ~0.24%, aiming at avoiding
bending failure. Note that this reinforcement ratio is still typical for TRC plates in this depth range.
This is relevant, because over-reinforced cross-sections may show a disproportionate amount of dowel
action as shear transfer mechanism. The concrete compressive (and tensile) strength chosen for this
study resulted from the idea of matching suitable high-performance materials, i.e., to be able to
fully use the high tensile and bond strength of the non-metallic reinforcement. Details are given in
Section 2.4. The width of 20 cm was chosen for all specimens considering the maximum specimen
height, the maximum grain size, the number of reinforcement elements per layer resulting from the
reinforcement grid spacing, and the maximum test load and dimensions of the test machine.

Table 1. Parameter variation for the experimental study.

Shear Slenderness a/d Effective Depth

4 4 cm
5 8 cm
6 12 cm

2.3. Reinforcement

Non-metallic textile reinforcement can be categorized in different ways, regarding its fiber
material, its impregnation material, or its geometry. As fiber materials, carbon, alkali resistant (AR-)
glass, aramid, and basalt are usually utilized. Carbon and AR-Glass are the most common and
there are several commercially available products world-wide. As impregnation materials, elastic
rubber-based systems such as styrene-butadiene-rubber, as well as stiffer types based on epoxy resin
or polyacrylate, are widespread. Nowadays, non-impregnated textiles (e.g., used in the construction
of shell structures in [5] or [60]) are less common for new constructions due to the low efficiency and
the low stiffness, which complicates the handling during manufacturing of TRC members. However,
they are still used for repair and external retrofitting, especially for masonry walls. Regarding the
geometry, one can distinguish the following types: Planar 2D textiles (biaxial or multiaxial), preformed
3D elements made from 2D textiles, and full 3D textiles (see e.g., [59]). Due to the variety of available
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products and combinations, a detailed characterization of the material properties of the reinforcement
is indispensable for an experimental campaign on textile-reinforced concrete. It is interesting to note
that the mechanical properties of FRP and textile reinforcement are related to different geometrical
bases. For textile reinforcement, typically only the filament area without impregnation resin is counted.
Reasons for this approach are the non-uniform geometrical cross-section along the axis of individual
yarns (Figure 2) and the rather difficult determination of the cross-sectional area due to the small size.
As the titer and the filament count of the individual non-impregnated rovings used in production of
the textiles are known, the determination of the total filament area per meter is very simple. This is a
significant difference to FRP bars or stirrups, for which the geometrical area given by the manufacturer
includes the polymeric matrix. In consequence, area-related material characteristics such as stress or
modulus of elasticity of impregnated textiles appear higher than for FRP bars, despite similar basis
materials and similar compactness.

In this study, an epoxy-impregnated biaxial carbon grid was utilized as longitudinal reinforcement.
The epoxy-resin was applied and hardened during production by the reinforcement manufacturer. Due
to the high stiffness of the mesh, it could not be rolled on regular-sized reels. Hence, in this case, it was
delivered in 5 m × 1.2 m planar panels. Figure 2a shows the biaxial open grid structure with a 38 mm
axial spacing of the yarns, both in longitudinal (warp) and transversal (weft) direction of the fabric.
The cross-sectional area of this reinforcement was symmetrical, with 95 mm2/m in both directions.
The reinforcement layout for this study aimed toward achieving a similar reinforcement ratio for
different effective depths. In consequence, the specimens had one to three layers of reinforcement mesh
strips of 5 yarns each (Figure 2c). During production, the bottom layer passed beyond the formwork in
order to apply a slight prestressing to avoid sagging of the reinforcement (Figure 2b). All layers were
aligned so each layers’ weft and warp yarns stacked directly on top of each other. This resembles the
typical production in practice, as the alignment of openings allows the concrete to pass. In mid-span,
an additional fixation for one transversal yarn guaranteed the necessary concrete cover. Furthermore,
due to the lower density of the impregnated carbon compared to fresh concrete, the buoyancy could
be effectively controlled. Conventional spacers made from fiber-reinforced mortar or plastic could
function as a suitable alternative but were avoided here to minimize the risk of floating up of the
reinforcement and to eliminate a possible influence on the cracking process.

Figure 2. Reinforcement layout for test series: (a) Planar biaxial grid made of carbon with
epoxy impregnation; (b) formwork with bottom reinforcement layer projecting beyond the end;
(c) cross-section of the three specimen types.
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The material characteristics of non-impregnated textiles and textiles with partial impregnation
(surface coating) needed to be determined with composite specimens via uniaxial tensile
tests [10,61–63]. For fully impregnated textiles with a homogenous stress distribution over the yarn
area and simultaneous activation of all filaments, the properties could be determined on the textile
without surrounding concrete [64]. Table 2 lists the material properties. The ultimate stress and
modulus of elasticity were analyzed in uniaxial single yarn tests according to the setup described
in [65], where individual yarns were extracted from the hardened grid and connected to the testing
machine with an variable pressure along the clamping length. Note that, due to the well-known
statistical effects for a bundle of linear-elastic yarns with brittle failure, the strength of a single yarn
does not equal the strength of the fabric [66,67]. This can be taken into account by a reduction factor
which depends on the number n of yarns [68]. For the reinforcement used in this study, a reduction
factor of 0.85 for n = ∞ was proposed by Rempel [64].

Table 2. Reinforcement characteristics for solidian Grid Q95/95-CCE-38 (properties of one individual
yarn, from [64] with test setup according to [65]).

Characteristic Unit Warp Direction (0◦) Weft Direction (90◦)

Modulus of elasticity [MPa] 244,835 243,828
Mean ultimate stress [MPa] 3221 (n = 204 tests) 3334 (n = 218 tests)

5% quantile ultimate stress [MPa] 2737 2762
Mean ultimate strain [‰] 13.2 13.7

Axial spacing of yarns [mm] 38 38
Cross-sectional area per yarn 1 [mm2] 3.62 1 3.62 1

Cross-sectional area per meter 1 [mm2/m] 95 1 95 1

1 Filament area without epoxy-impregnation.

The bond properties of the reinforcement were analyzed in a companion investigation [69].
In contrast to non-impregnated textiles or textiles with soft impregnation, the full and hard epoxy
impregnation led to form closure with longitudinal splitting of the concrete as a bond failure
mechanism, rather than pull-out or jamming of the yarns. The mean length required for full anchorage
was determined to be 78 mm for a concrete cover of 20 mm in the same cementitious matrix with equal
tensile and compression strengths, as used in the present paper [69]. A free length of 50 mm behind
the supports on both ends of the specimens proved to be sufficient to anchor the respective forces from
shear and bending. All layers of reinforcement continued to the end of the specimen. Up to the point
of ultimate failure, no longitudinal cracks ran up to the supports or up to the ends of the specimen.
This allowed for the conclusion that no anchorage failure occurred in this study.

2.4. Cementitious Matrix

The cementitious matrix utilized in this study was specifically designed within the C3 project to
meet the requirements of textile reinforced concrete [70]. The mixture was based on [70], but adapted
with locally available aggregates. Details can be found in Table 3. The maximum diameter of the
crushed quartz aggregate (4 mm) matched the size of the grid openings. The high content of fine
particles in the cementitious binder compound and the fine sand paired with the high-performance
superplasticizer led to self-compacting properties of the fresh mix. During production, no external or
internal compaction was required to achieve a dense matrix without cavities or gravel pockets.

According to DIN EN 206 [71], the mixture was no standard concrete due to its small aggregate
size and its high content of fine particles. As it was produced and applied just like concrete as matrix,
the term “concrete” is used in this paper and generally in the context of textile reinforced concrete for
new constructions. This allows a distinction to be made from repair and retrofitting, where the term
mortar is more common.

The hardened concrete exhibited high strength, both in compression and in tension. The bending
tensile strength was determined on prism specimens (40 × 40 × 160 mm), according to the standard
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test method for mortar [72]. The mean value of all experiments (age 27 to 32 days) was 15.1 MPa
with a coefficient of variation (COV) of 21.6%. The mean modulus of elasticity of the cementitious
matrix was tested on cylindrical specimens (d/h = 150/300 mm) to 44595 MPa (COV 2.1%) with the
method described in [73]. The mean compressive strength reached 127.6 MPa (COV 4.2%) for 150 mm
cubes [74], 105.4 MPa (COV 4.7%) for cylinders (d/h = 150/300 mm, [74]), and 122.5 MPa (COV 5.1%)
for the prism halves [72]. Due to the high strength of the cementitious matrix, cracks usually ran
through the aggregates. The ultimate compressive strain of this concrete has been determined on two
cylinders with external concrete strain gauges to 2.92‰ at the age of 28 days.

Table 3. Mix design of cementitious matrix for HF-2-165-4 (mix design adapted from [70]).

Substance Density Content

kg/m3 kg/m3

Cementitious binder compound CEM II/C-M Deuna 2962 707
Fine quartz sand F38 S 2650 294

Quartz sand 0.1–0.5 mm 2630 243.2
Quartz sand 0.5–1.0 mm 2630 201.4
Quartz sand 1.0–2.0 mm 2630 148.9
Quartz sand 2.0–4.0 mm 2630 593.5

Superplasticizer (polycarboxylatether-basis) MC-VP-16-0205-02 1070 15
Water 1000 165

3. Results

3.1. Failure Mechanisms

In the experimental program, two main different failure mechanisms were observed, bending
and shear failure. The smallest specimens with a cross-sectional height of about ~60 mm and an
effective depth of ~40 mm failed in bending by rupture of one or several yarns. Figure 3a shows
three representative examples for the three different load-support-distances (span lengths). For some
specimens, a diagonal crack originating from the layer of reinforcement occurred prior to failure.
However, this crack was not the ultimate reason for failure. Three specimens (C3-1-4-1, C3-3-4-1,
and C3-3-4-3) showed significant crack formation along the layer of reinforcement prior and subsequent
to rupture of one yarn. Their failure mechanism is therefore described as bending failure with
subsequent shear failure.

C3-1-4-2

a)

C3-2-4-3

C3-3-4-2

rupture of >1 yarn

b) reinforcement sheared
off (subsequent failure)

compression zone
failed by shear

C3-2-12-3sudden vertical shift
at shear failure

diagonal crack originating
from reinforcement layer

Figure 3. Failure mechanisms observed in experimental study (a) bending failure; (b) shear-
compression failure.

All specimens with an effective depth of 80 and 120 mm failed in shear. Because their compression
zone was further constricted by the critical shear crack prior to failure, the term shear compression
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failure is utilized. Figure 3b illustrates a typical failure phenomenon which occurred for several
specimens. The sudden propagation of the shear crack into the compression zone led to the brittle
failure. The sudden release of stored energy resulted in a mutual sliding and a vertical shift of one half
of the specimen. Note that the reinforcement in the tension zone was sheared at the crack in all layers
without adding significant resistance and ductility to the failure mechanism. This is typical for the
anisotropic fiber-reinforcement material, but even more pronounced for textile reinforcement due to
the relatively low transversal stiffness of the individual yarns.

For all specimens, one can observe that the residual compression zone in mid-span is only few
millimeters deep. This can be explained by the high compressive resistance of the concrete and the
good compaction of the concrete resulting in a dense and tough uppermost cementitious layer. The
shear cracks passed through the aggregate grains. At failure, the constricted compression zone often
buckled in the vertical direction. The high utilization of the concrete in this zone is shown in Figure 4
exemplary for three specimens, all having an effective depth of 80 mm but with different a/d-ratios.

All specimen showed a linear-elastic branch in their load-deflection curve up to a high
first-cracking load. This high load and the severe drop after first cracking are not surprising for
the high-strength concrete with its corresponding stiffness. Subsequent bending cracks are clearly
visible in the diagram. The end of the test was marked by a sudden drop of the load without residual
capacity. At this point, the compressive strain directly below the load introduction at mid-span
reached or even exceeded the ultimate strain of the concrete taken from uniaxial compression tests
on cylinders. Next to the observations of the crack pattern after failure, this additionally confirms
the hypothesis of shear compression failure. The highest compressive strains were reached for the
smallest shear slenderness (a/d = 4.1 for C3-3-8-2 in Figure 4b). One explanation for this observation is
the superposition of compressive stress from beam action and from direct stress fields. This is a first
indication towards an influence of increased arch action for the smaller shear slenderness.

0

5
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15

20

0 5 10 15 20

deflection at mid-span [mm]wm

C3-3-8-2 / = 4.1a d

C3-2-8-3 / = 5.6a d

C3-1-8-3 / = 6.2a d

S
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e
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,e
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first crack

Figure 4. Experimental results for three typical specimens with d = 8 cm. (a) Load-deflection diagram;
(b) load-compressive strain diagram (strain gauge at the top of the specimen in mid-span).

3.2. Crack Pattern and Critical Shear Crack

The characteristic crack pattern of specimens without shear reinforcement failing in shear is highly
relevant for the assessment of their failure mode and their ultimate resistance. In Figures 5 and 6,
the crack patterns after failure are shown for the specimens with 120 mm and 80 mm effective depth,
respectively. The critical shear crack is highlighted with a bold black line. The series with 40 mm is not
shown, as there was usually only one bending crack, sometimes with a single longitudinal or diagonal
crack originating from the layer of reinforcement.

201



Appl. Sci. 2019, 9, 1382

If a full separation of the specimens’ halves at shear failure occurred, both halves were digitally
rejoined for better comparison of the shear crack form. The dark-grey zones indicate concrete spalling,
which occurred both in the compression zone (e.g., C3-1-12-1, C3-3-12-2, C3-1-8-3) and in the tension
zone (e.g., C3-1-12-3, C3-2-12-2, C3-1-8-2). For almost all specimens, the critical shear crack propagated
from a bending crack up to the area of introduction of the concentrated load. Table 4 gives detailed
information on all experiments. The comparatively high scatter of the three results with an effective
depth of d = 12 and a shear slenderness of a/d = 4 should be highlighted at this point. The low
inclination of the critical shear crack for C3-2-12-1 and C3-2-12-2 indicates a dominating direct
compressive strut towards the support. In contrast to this, the identically reinforced C3-2-12-3 has
a steeper critical shear crack and thus a reduced direct load transfer. Due to the significantly lower
ultimate force, fewer bending cracks and fewer longitudinal cracks are visible for this last specimen
(Figure 5).

C3-3-12-3 Fa/d = 5.16
a = 60 cm

C3-3-12-2 a/d = 4.96
a = 60 cmF

C3-3-12-1 a/d = 4.77
a = 60 cmF

C3-2-12-3 Fa/d = 3.95
a = 48 cm

C3-2-12-2 Fa/d = 3.96
a = 48 cm

C3-2-12-1 Fa/d = 3.96
a = 48 cm

FC3-1-12-2 a/d = 6.12
a = 72 cm

C3-1-12-3 Fa/d = 6.02
a = 72 cm

C3-1-12-1 Fa/d = 5.93
a = 72 cm

Figure 5. Crack pattern and failure mechanism for d = 12 cm shear test series.
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C3-3-8-3 Fa/d = 4.15
a = 32 cm

C3-3-8-2 Fa/d = 4.13
a = 32 cm

C3-3-8-1 Fa/d = 4.14 a = 32 cm

C3-2-8-3 Fa/d = 5.62
a = 40 cm

C3-2-8-2 Fa/d = 5.04
a = 40 cm

C3-2-8-1 Fa/d = 5.22
a = 40 cm

C3-1-8-3 Fa/d = 6.20
a = 48 cm

C3-1-8-2 Fa/d = 6.08
a = 48 cm

a/d = 6.30C3-1-8-1 F a = 48 cm

Figure 6. Crack pattern and failure mechanism for d = 8 cm shear test series.
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4. Discussion

Although the observations allow for discussion of several phenomena of shear behavior of TRC,
only the influence of shear span and size effect are briefly discussed in this paper. Furthermore,
the prediction of selected current design provisions for shear capacity of FRP or steel reinforced
concrete are compared to the own experiments.

4.1. Effect of Shear Span Length

The question of an influence by the shear slenderness on shear capacity is of high interest for
both researchers and for design in practice. Researchers need to design future experiments with an
appropriate load-to-support distance to avoid overestimation of the shear capacity. On the other hand,
engineers in practice exploit the direct stress transfer of concentrated loads near supports by reduction
of the design shear force according current design provisions.

Figure 7a shows the ultimate shear force from all experiments in relation to shear slenderness.
The shear force caused by self-weight of the specimens is neglected, because it differs along the shear
span and along the critical shear crack. All results are displayed regardless of their failure mechanisms
(a usual procedure, see for example in [75]). As discussed before, the specimens with d = 4 cm failed in
bending. These results are therefore to be considered and compared with caution.

Figure 7. Results of experimental test program: (a) Influence of the ratio of shear span to effective
depth on shear force; (b) Influence of effective depth on shear stress (size effect).

The highest shear forces in this test series occurred for an a/d-ratio of 4. It is noteworthy that there,
the scatter for the three identical beams with the largest effective depth is highest. With increasing
a/d, the shear resistance diminishes. This general observation is not surprising and well-known from
steel-reinforced concrete [75] and concrete with FRP-reinforcement [76,77]. However, it should be
highlighted that usually, an influence of a direct compression field is assumed up to a/d = 2.5–3.
Here, the significant difference of shear resistance between a/d = 4 and 5 (while all other experimental
parameters are kept the same) indicates a direct load transfer between load introduction and support,
at least up to the shear slenderness of 4. There is no significant difference between a/d = 5 and 6,
as indicated by the red and green dashed trend lines. The red dashed linear trend line for an effective
depth of 4 cm is significantly influenced by the three values at a/d = 7, where earlier bending failure
due to the higher moment governed. One possible explanation for the phenomenon of increased direct
load transfer might be the influence of longitudinal cracking in the layer of reinforcement. The crack
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patterns in Figures 5 and 6 clearly show longitudinal cracks (resulting from high local bond stress
introduced by the reinforcement) at the level of one layer of reinforcement, which connect individual
bending cracks. Those longitudinal cracks lead to a reduction or even a total loss of local bond between
reinforcement and matrix. Yet, the end-anchorage was sufficient, as the longitudinal cracks did not
propagate to or beyond the supports. In consequence, the tension stress in the reinforcement is constant
in the center part along the beam length, resulting in a more efficient tied arch action. The analysis
of the crack pattern of the beams with the highest loads (C3-2-12-1, 27.3 kN and C3-2-12-2, 35.2 kN)
underlines this hypothesis. There, longitudinal cracks are present almost all the way to the support,
whereas for C3-2-12-2 with its 71% lower resistance (20.6 kN), fewer longitudinal cracks were visible.
The first two specimens’ shear resistance seems to be significantly influenced by tied arch action rather
than beam action.

4.2. Size Effect

An influence of the effective depth on the shear resistance (size effect) can be derived from
Figure 7b. A clear trend of diminishing shear resistance for increasing effective depths is visible.
Once again, all results are presented regardless of their failure mechanism. Note that despite bending
failure, the specimens with a d of ~40 mm bear the highest shear stresses. The size effect has been
described extensively in literature by various researchers, of whom Bazant is arguably the most renown
(see the extensive compilation in [78]). Especially for shear, current design provisions consider the size
effect either directly (by a reduction factor as Eurocode 2 [79]), incorporated in the strain (e.g., in the
Modified Compression Field Theory [80] and the Critical Shear Crack Theory [22,23]), or in a combined
factor as in [27].

Bazant and Kim [81] describe the structural size effect according to Equation (1)

φ(d) =
1√

1+ d
λ0·da

(1)

where d = effective depth, λ0 = empirical constant, and da = maximum aggregate size. For steel
reinforced concrete beams, an empirical value of 25 was determined from a large set of experiments [81].
For the typical lower limit for the maximum aggregate size in normal concrete of 8 mm, the term λ0·da

leads to a constant value of 200, which is often used in shear prediction models (e.g., [26]). Although
the data set in this study is too small to properly adjust an empirical constant for TRC, the linear trend
lines in Figure 8 indicate that the first approach with λ0 = 25 and da = 4 mm already led to satisfying
results. It should be mentioned that in the present study, the concrete cracks passed through the
aggregate grains rather than around them and thus the influence of aggregate size is debatable.

Figure 8. Relative shear stress considering the size effect factor according to Bazant [81] with λ0 = 25
and da = 4 mm.
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In contrast to the size effect law in (1), Eurocode 2 [79] limits the influence of size effect to a lower
boundary of d = 200 mm. This derives both from the typical slab or beam dimensions and the typical
minimum aggregate sizes of 8 mm. For TRC, smaller aggregate sizes as well as reduced depth are
typical and intended. Thus, a lower limit is considered critical and more general approaches should be
used for TRC. For future research, it could be advisable to additionally test specimens with doubled
effective depth in logarithmic scale (10 times the current depth) in order to validate the fit of chosen
size effect factors. Alternatively, nonlinear finite element modeling can be used to validate the size
effect laws (e.g., [82]).

4.3. Comparison to Existing Models and Current Design Provisions

For beams and slabs with FRP-longitudinal reinforcement without shear reinforcement,
engineering models and design formulas have been derived and validated by various researchers.
Whether these models are directly applicable to the non-metallic grid-like carbon textile reinforcement
in slabs or slab segments is discussed in this section. Due to the limited variation in key parameters
such as reinforcement ratio, reinforcement ultimate strength, reinforcement modulus of elasticity,
and concrete strength, no generalizable statement on transferability is possible. However, the
comparison of the experimental results to predicted values enables a first assessment of the applicability
of existing models and thus prepares future work.

Two models and two design provisions were chosen for calculation. The model of Mari et al. [46]
has been developed specifically for FRP reinforcement based on a mechanical approach in combination
with evaluation of an extensive database with genetic programming. An even more general (and more
recent) model for steel-reinforced members by the same authors, the Compression Chord Capacity
Model [27], is based on similar assumptions but differs in the calculation of the size effect factor.
Here, however, the original model for FRP reinforcement has been used. The second model is the
simplified shear design approach by Cavagnis, Fernandez Ruiz, and Muttoni [83,84] based on the
Critical Shear Crack Theory [22,23]. This model is currently part of the discussion for the upcoming
revision of Eurocode 2 [85] and can be used for FRP reinforcement by considering the modulus of
elasticity of the longitudinal reinforcement. Keeping in mind that using similar approaches towards
the shear design procedures for conventional reinforcement and non-metallic reinforcement is of major
interest for practice, the application of the model in this paper is justified.

With the American Concrete Institute (ACI) code 440.1R-15 [54] and the Canadian Standards
Association (CSA) Code S806-12 [53], American codes provide established models for shear design of
FRP-reinforced concrete members. In contrast to European standardization, a longer experience for
the use of FRP especially for bridges exist. Both codes follow the respective shear design tradition for
reinforced concrete.

In Table 5, the formulae and variables necessary for calculation of the selected models are
summarized. The last column gives comments and explanations regarding how the various parameters
were specifically set for prediction of the experimental results of this paper.
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Table 5. Summary of design provisions and models used in the study.

Code/Model Shear Strength Prediction Comments

CSCT/EC2 D3
[83–85]

VR = bw·d·τRd,c ≥ bw·d·τRdc,min with γc = 1.0

τRd,c = 0.6·
(

100·ρl · Es
200,000 · fc· ddg

d

)1/3
f c taken as f cm,cyl

ρl =
As
b·d , As : Area of longitudinal reinforcement b : web width, d : effective depth

Es : Modulus of elasticity of the longitudinal reinforcement

ddg =

{
16 + Dlower ≤ 40 [mm] f or fc ≤ 60 MPa

16 + Dlower·
(

60
fc

)2 ≤ 40 [mm] f or fc > 60 MPa
f c taken as f cm,cyl

Dlower : The smallest value of Dmax (coarsest fraction of aggregates) Here, Dlower is taken as 4 mm

d =

{
av =

√
acs
4 ·d i f acs ≤ 4·d

d i f acs > 4·d
with acs =

∣∣∣ MEd
VEd

∣∣∣ ≥ d

Here, av = d/2.
For 3-point loaded single span
beams,
|MEd/VEd |= a

τRdc,min = 0.021
√

Es· fc
fy
· ddg

d
Here, f y is taken as mean
ultimate reinforcement stress
(3221 MPa, Table 2).f y: Yield strength or strength that has been assumed for the flexural design of the

cross-section

Mari et al.
[46]

Vut = fct,m·ζ·b·d·
(
(1.072 − 0.01·α)· cl

d + 0.036
)

fct,m =

⎧⎨
⎩ 0.3· f (

3
2 )

c i f fc ≤ 50 N/mm2

2.12· ln
(

1 + fc
10

)
i f fc > 50 N/mm2

Calculation of f ct,m according
to EC2,
f c taken as f cm,cyl

ζ = 1.20 − 0.20· a
d ·d a and d in m

α = Er
Ec

; Er, Ec : modulus of elasticity of reinforcement and concrete
Er, Ec taken from experimental
data (see Table 4).

cl
d = α·ρr·

(
1 +

√
1 +

(
2

α·ρr

))
ρr =

As
b·d , As : Area of longitudinal reinforcement

b and d: Web width and effective depth, respectively

CSA S806-12
[53]

Vc = 0.05·λ·km·kr·ks·( f ′c)
( 1

3 )·bw·dv with φc = 1.0
0.11·√ f ′c ·bw·dv < Vc ≤ 0.22·√ f ′c ·bw·dv
λ = 1.0 for normal concrete

km =

√
Vf ·d
Mf

For 3-point loaded single span
beams,
Vf/Mf = 1/a

Vf , Mf : Acting shear force and moment at the control section

kr = 1 +
(

EF·ρF f

) 1
3

EF : Modulus of elasticity of longitudinal reinforcement
ρF f =

AF
b·d ; AF : Area of longitudinal reinforcement

ks =
750

450+d ≤ 1.0 d in mm

f ′c ≤ 60 MPa
f ′c taken as
f cm,cyl < 60 = 60 MPa

dv = max(0.9·d; 0.72·h)
bw, d, h: Web width, effective depth and member height, respectively

ACI 440.1R-15
[54]

Vc =
2
5

√
f ′c ·bw·k·d Limitation of f ′c to 10,000 Psi

according to [86]f ′c ≤ 69 MPa

k =

√
2·ρ f ·n f +

(
ρ f ·n f

)2 − ρ f ·n f

ρ f : FRP reinforcement ratio =
A f

bw ·d
n f =

Ef
Ec

; Ef , Ec : Modulus of elasticity of reinforcement and concrete
bw and d: Web width and effective depth, respectively

The results of the comparison for all four models are shown in Figure 9. The mean value of the
experimental to theoretical shear force ratio Vexp/Vcalc is an indicator of accuracy, while the COV is
used as a measure of precision. Generally, all models except ACI 440.1R-15 show promising results.
The best mean value is obtained by the simplified approach based on critical shear crack theory with
Vexp/Vcalc = 0.95, while the CSA S806-12-model leads to the lowest COV with 18.9%.

The ACI 440.1R-15 leads to conservative results, with a mean ratio Vexp/Vcalc = 2.3. Furthermore,
this model shows the lowest COV with 22.3%. This observation is consistent with those of other
researchers, e.g., [46]. For all models, the high scatter of ultimate shear load for the three largest
plate segments (C3-1-12) significantly influences the prediction results. The models cannot represent
the direct strut action (tied arch action) adequately. However, these first results indicate that the
prediction of shear capacity for TRC with suitable existing models for FRP reinforced concrete or
TRC is possible. In order to generalize this finding, comparisons to larger experimental data sets
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are required. Therefore, especially the variation of the modulus of elasticity of the reinforcement,
e.g., by the use of impregnated glass textiles, should be focused in future experimental studies.
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Figure 9. Comparison of experimental results to predicted shear force: (a) Critical shear crack theory
(CSCT) [83–85]; (b) Model by Mari et al. [46]; (c) Design formula from CSA S8-06-12 [53]; (d) Design
formula from ACI 440.1R-15 [54].

5. Conclusions

While numerous studies of FRP-reinforced concrete exist, experimental data and systematic
studies on shear behavior of TRC are sparse. Despite similar raw materials (glass, carbon), grid-like
textile reinforcement features certain differences compared to FRP bars, e.g. the smaller size and
thus lower bending stiffness, the fixed transversal yarns, and the possible variation of cross-sectional
dimensions in the longitudinal direction. The use of TRC aims at reducing the member sizes compared
to conventional reinforced concrete. This leads to a typically reduced thickness in planar members
(e.g., slabs), for which fewer experiments exist both in FRP and steel reinforced concrete.

Despite these differences, the results from an experimental program on 27 slab segments show
clear parallels in shear behavior. The formation of the critical shear crack from bending cracks and
the similar failure mechanism (shear compression failure) are evident. The formation of longitudinal
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cracks in the layer of reinforcement combined with concrete spalling can be seen as reason for high
scatter in otherwise identical members.

By variation of shear span to depth ratio, the influence of direct load transfer from concentrated
loads was investigated. It can be concluded that here, with a shear slenderness larger a/d = 5,
no significant reduction of shear capacity occurs. However, a significant difference between a/d = 4
and 5 can be seen, which is a significant difference to reinforced concrete where an influence up to
a/d < 2.5–3 is typical. This might be a result from the bond characteristics of the textile reinforcement
with its significant longitudinal crack formation in the layer of reinforcement.

The variation of member height in the experimental program showed a reduction of relative shear
capacity by increasing effective depth. A first approach to transfer models for consideration of size
effect indicates that existing models can be used in TRC shear design.

The comparison of the experimental results to predictions from existing models for shear resistance
of FRP-reinforced concrete indicates promising results; several current, readily available models are
able to predict the ultimate shear force obtained in the experiments presented here with sufficient
accuracy. However, this observation is yet to be validated by comparison to larger data sets in
future works. There, a systematic variation of the type of reinforcement (grid opening, yarn spacing),
the modulus of elasticity and strength of the reinforcement, the reinforcement ratio, and the maximum
grain size and compressive strength of the concrete is necessary.
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Publishing: Cham, Switzerland, 2017; pp. 313–320, ISBN 3319594710.

11. Hegger, J.; Kulas, C.; Horstmann, M. Realization of TRC Façades with Impregnated AR-Glass Textiles. KEM
2011, 466, 121–130. [CrossRef]

12. Kulas, C.; Schneider, M.; Will, N.; Grebe, R. Hinterlüftete Vorhangfassaden aus Textilbeton. Bautechnik 2011,
88, 271–280. [CrossRef]

13. Hegger, J.; Horstmann, M.; Shams, A. Load-carrying behavior of sandwich panels at ultimate limite state.
In Proceedings of the fib Symposium Prague 2011, Praha, Czech Republic, 8–10 June 2011.

14. Shams, A.; Horstmann, M.; Hegger, J. Experimental investigations on Textile-Reinforced Concrete (TRC)
sandwich sections. Compos. Struct. 2014, 118, 643–653. [CrossRef]

15. Hering Bau GmbH & Co. KG. Hering Architectural Concrete: betoshell®. Available online:
https://www.heringinternational.com/en/products-services/architectural-concrete/material-concepts/
textile-reinforced-concrete/ (accessed on 15 February 2019).

16. Rempel, S.; Kulas, C.; Will, N.; Bielak, J. Extremely Light and Slender Precast Pedestrian-Bridge Made Out of
Textile-Reinforced Concrete (TRC). In High Tech Concrete: Where Technology and Engineering Meet, Proceedings
of the 2017 fib Symposium, Maastricht, The Netherlands, 12–14 June 2017; Hordijk, D.A., Luković, M., Eds.;
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Abstract: Today, the need for structural strengthening is more important than ever. Flexural
strengthening with textile reinforced concrete (TRC) is a recommendable addition to already proven
methods. In order to use this strengthening method in construction practice, a design model is
required. This article gives a brief overview of the basic behavior of reinforced concrete slabs
strengthened with TRC in bending tests as already observed by various researchers. Based on this,
a design model was developed, which is presented in the main part of the paper. In addition to the
model, its assumptions and limits are discussed. The paper is supplemented by selected application
examples to show the possibilities of the described strengthening method. Finally, the article will
give an outlook on open questions and current research.

Keywords: textile reinforced concrete (TRC); strengthening; bending; model; design; practical
application

1. Introduction—Strengthening of Concrete Buildings—Why and How

Particularly in the past decades, the world population has grown rapidly and will continue
to do so according to unanimous forecasts. Buildings are essential for mankind, but neither the
natural resources nor the available room or the costs allow us to cover our needs by new buildings
alone. Buildings, roads, and bridges must be carefully maintained, renovated, or reinforced if their
load-bearing capacity is no longer given or if there are deficiencies in their serviceability.

Reinforced concrete has been the world’s most widely used composite building material for more
than a hundred years. When properly dimensioned and constructed, it is very efficient and durable.
Two things in particular can be problematic:

1. Corrosion of the steel reinforcement; it can occur because of carbonation of concrete, the choice of
unfavorable materials, insufficient concrete cover, or too wide cracks.

2. Insufficient load-bearing capacity; this mostly results from the loads which have steadily increased
over the decades and which must be taken into account according to the standard. One example
is the increased axle loads of trucks. About 100 years ago, the total weight of commercial vehicles
was about 10 tons. Today, gigaliners with total weights of up to 60 tons are under discussion
worldwide; however, their traffic-legal approval is the responsibility of national authorities.

Various methods exist for the rehabilitation and strengthening of plain, reinforced, and prestressed
concrete structures, see e.g., References [1,2]. The most important are briefly mentioned:
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• Shotcrete with steel reinforcement, e.g., References [3–5],
• Glued or notched steel lamellas, e.g., References [6–9],
• Glued or notched lamellas/sheets made of fibre-reinforced plastics (abbreviated: FRP), e.g.,

References [7–16], or
• Supplementation of additional components such as external tendons, e.g., References [17,18].

Another method that has become increasingly established over the past 20 years is strengthening
with textile reinforced concrete (abbreviated: TRC; also known as textile reinforced mortar, abbreviated:
TRM, or fibre-reinforced cementitious matrix (abbreviated: FRCM) composites) [19–24]. Similar to
shotcrete, TRC is—from the material’s side—very compatible with the steel reinforced concrete of the
primary building element. Because the fibres used in TRC can bear higher tensile stresses than steel
and do not corrode, considerably smaller layer thicknesses can be realized compared to conventional
shotcrete. Compared to steel lamellas, the requirements for corrosion protection are lower. Like FRP
lamellas, TRC is a relatively light building material, which can be processed by hand. The concrete
cover around the fibre reinforcement in TRC is advantageous at elevated temperatures—for the textiles
themselves as well as for the steel reinforcement in the basic component.

A major disadvantage of textile reinforced concrete is—with a few exceptions,
e.g., References [23,25–27]—the lack of general building authority approvals, guidelines,
and standards. To date, not all details of the load-bearing behavior of TRC have been clarified.
In addition, there is a constantly growing number of further and new developments in the field of fibre
reinforcement. Often these reinforcements show a similar load-bearing behavior. In detail, however,
there can be differences that must be taken into account when dimensioning and applying textile
reinforced concrete.

TRC can be used to increase the bending, torsional, longitudinal, and shear load-bearing capacity
and to improve serviceability and functionality, e.g., References [22,24]. In this article, the focus lies
on a model to calculate the increase of the flexural load-carrying capacity due to an additional TRC
layer. On the one hand, compared to the other TRC strengthening variants, this has been very well
researched. On the other hand, in our experience, there is a great need for flexural strengthening
measures in building practice compared to the other possibilities.

2. Research on Flexural Strengthening with Textile Reinforced Concrete

First research with textile fabrics made of technical endless fibres embedded in mortar and
fine-grained concrete respectively has been performed since the early 1990s, e.g., References [28–30].
At our institute, we carried out first own tests on steel reinforced (abbreviated: RC) concrete plates
strengthened with an additional TRC layer in the bending tensile zone in 1997 as part of a feasibility
study [31,32]. The objective was to demonstrate the potential of textile reinforcements to increase
the flexural load-carrying capacity of RC slabs in principle. The three plate specimens were made of
normal strength concrete B25 (acc. to DIN 1048 [33], this corresponds nearly to the current concrete
class C20/25 acc. to DIN EN 206 [34]), and were reinforced with 5 steel bars with a diameter of
8 mm (Figure 1a). Two of the plates were strengthened with 6 textile layers embedded in fine-grained
mortar—at that time still using ISBOTON as adhesion promoter. The used multiaxial grids were made
of alkali-resistant (AR) glass filaments (Figure 1b). The tensile strength of the glass fibres ranged
between 1200 and 1400 MPa, the ultimate strain was 20%. The strengthening layer was applied
to the whole underside of the specimen. In all following examinations, the support areas remained
unstrengthened. The plates were studied in 3-point bending tests. The load was applied path controlled;
deformations were recorded by strain gauges and linear variable differential transformers (LVDT).
Figure 1c displays load-middle deflection curves of the tests. The blue line shows all characteristics
of an RC slab subjected to bending. At a deflection of approximately 1 mm, a first crack was formed,
followed by a short phase of formation of further cracks. After that, a steady, almost linear increase
in deflection could be detected (state II). At a deflection of 8.5 mm, observed at a load of 20 kN,
the steel reinforcement reached its yield strength. From now on, no further load increase was possible.
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On account of the steel reinforcement’s plastic deformation capability, only the deflection increases
until a final bending failure occurred.

The two strengthened plates (red and green in Figure 1c) showed a similar behavior to each
other, but a different behavior compared with plate 1. The first crack opened at circa 16 kN, and the
associated load level was therefore twice as high as at plate 1. With the increase of the load (state II),
the deflection then increased again linearly, but—compared to plate 1—at a higher load level resulting
from the additional textile reinforcement. When a load of approx. 35 kN and a deformation of approx.
12 mm were reached, the textile reinforcement teared and the force dropped down to the level given
by the yield point of the steel bars. In summary, the additional reinforcement with 6 layers of AR glass
textile increased the load by 69% (average value of the two tests). Upon reaching the maximum load
the deflection increased by approx. 30%. Still, at the same load level, the deflection of the reinforced
components was less.

(a) (b) 

(c) (d) 

Figure 1. First test on reinforced concrete (RC) slabs strengthened with textile reinforced concrete
(TRC) in Germany—(a) test set-up acc. to Reference, (b) used textile made of alkali-resistant (AR) glass,
produced by the Institute for Textile and Clothing Technology of TU Dresden, (c) test results ((a–c)
reproduced and modified with permission from [31], Institute of Concrete Structures, TU Dresden,
1997) and (d) principle behavior of TRC-strengthened RC plates or beams (reproduced from Koutas
et al. [22] on the basis of the Creative Commons Attribution license (http://creativecommons.org/
licenses/by/4.0/) under which this article open access was published, ASCE Library, 2019).

These first tests already demonstrated the basic phenomena of TRC-strengthened RC slabs or
beams subjected to bending:

• Initial cracking at a higher load level,
• Reduction of deflection (at same reference load),
• Increase of the bearable load until failure.

In addition, in state II, the stiffness of TRC-strengthened components is often higher than that
of unstrengthened RC elements. This is caused by the higher component’s thickness and—often
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the decisive factor—by the increased elongation stiffness in the tensile zone (described in detail, for
example, in Reference [35]).

Today a large number of research projects and publications on flexural strengthening of RC
structures with TRC are known, in which comparable phenomena have been observed. Exemplary
for all, we like to recommend the publication of Koutas et al. [22] and Carloni et al. [23]. The
authors collected, studied, analyzed, and evaluated numerous research works from all over the
world on the subject “strengthening of concrete structures with TRM” (TRC). In addition to the often
considered uniaxial case, studies on two-way slabs are listed as well as experiments at elevated
temperature; furthermore, various research projects on the behavior of TRC-strengthened components
under impact loading are known (see for example Reference [36–39]). In References [22,23] the
described basic phenomena are confirmed, based on an extensive evaluation of known experiments
worldwide. Figure 1d summarizes the component’s behavior in a schematic sketch by Koutas et al. [22].
The specific shape of such a load-deformation curve depends on the type and the quantity of the
textile reinforcement, and, of course, on the characteristic of the RC element to be strengthened. To
add a last characteristic: In general, textile reinforcements with yarn distances in the range of several
millimeters up to a few centimeters cause a finer crack pattern in the bending tensile zone compared to
steel reinforced concrete.

The type of failure is of particular interest for the design or practical application of a flexural
strengthening with TRC. In general, the load-bearing capacity of RC components subjected to bending
is reached when either the concrete fails under compression or the steel reinforcement ruptures under
tension. In addition, there are failure mechanisms associated with shear (especially for beams) or
detailed problems such as failure due to insufficient anchoring of the bending tensile reinforcement.
If the tensile strength of the reinforcement limits the bearing capacity of a component, the application
of a textile concrete layer in the bending zone can increase the bearing capacity. In doing so, it must be
ensured that the “old” concrete in the pressure zone has sufficient load-bearing capacity. Otherwise,
the failure mode may change. It should be noted in particular that the addition of a TRC layer with
high load-bearing capacity, on the one hand, could defer crack formation in the bending tensile zone
and cause a sudden concrete compression failure (see Section 3.3.3), and on the other hand (compare
Reference [21] and Section 5), can cause also shear failure. Furthermore, failure mechanisms may
occur which are not known from reinforced concrete construction. The following scenarios must be
considered, compare e.g., References [22,24,35,40]:

• Similar to RC and steel reinforcement—exceeding the tensile strength of the textile reinforcement;
this failure is indicated by increasing crack formation and deflection and is the quasi “wanted”
failure form; the load-deformation behavior is essentially determined by the mechanical properties
of the textile reinforcement (tensile strength, modulus of elasticity).

• Forms of failure due to the transfer of forces from the strengthening layer into the reinforced
concrete base body:

� Failure inside the old concrete (that means the concrete of the structural member to be
strengthened fails first, often near the joint between old and new concrete; it is known also
from other strengthening methods),

� Delamination in the joint between old concrete and TRC layer in the end anchorage area
or at opening cracks,

� Delamination or debonding within the TRC layer (usually in the plane of the most stressed
textile grid),

� Extraction of the reinforcement from the matrix (“slippage” of the fibres through the mortar
in Figure 1d).

The last two failure variants are primarily dependent on the inner bond within the yarns and
on the bond between the yarn’s edge filaments and the surrounding concrete matrix. The size
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and impregnation used have a major influence. Even though some approaches have already been
developed to explain these phenomena, the topic of failure forms and bonding is still the subject of
ongoing research.

In summary, much knowledge has been generated worldwide on the subject of bending retrofitting
with TRC. In addition to many similarities, these results are often not directly comparable, since the
known studies differ in many details. The main differences are the type of textile reinforcement,
its characteristic material properties and amount, the properties of the strengthened basic RC members
(geometry, material, reinforcement), and the test set-up (generated distribution of inner forces).
Nevertheless, bending strengthening layers can in principle be calculated with relatively uncomplicated
models. One possibility is presented and discussed in the following chapter.

3. Design Concept for Flexural Strengthening of Reinforced Concrete (RC) Components with
Textile Reinforced Concrete (TRC)

3.1. General Information

There are standards on design rules and models for RC structures, e.g., in Reference [41]. In case
of bending, the calculation can be done by an iterative process. A similar procedure was also chosen
for the calculation of the flexural strengthening with TRC. In accordance with the design method for
steel reinforced concrete, the following assumptions and simplifications are defined (compare e.g.,
References [41,42] and also References [23,36]):

• Cross sections remain plane (Bernoulli hypothesis).
• Strain compatibility between reinforcement and concrete is assumed.
• The concrete’s tensile strength is ignored; all tensile forces are taken up by steel and

textile reinforcements.
• Rigid bond between steel, concrete, and textile reinforcement may be assumed.
• The design is carried out at the ultimate limit state (ULS), i.e. at least one material (concrete,

reinforcing steel, or textile reinforcement) reaches the ultimate strain.

A first model was presented by Bösche in Reference [43] in 2007. Meanwhile, it was further
developed [42,44–47] and modified due to new knowledge and research findings for the later used
materials. Furthermore, a similar design proposal is presented in Carloni et al. [23]. The main difference
lies in the choice of the reference plane for the formation of the internal equilibrium. Compared to
Reference [23], the model presented in the following has the advantage that the reference horizon is
fixed by the geometry and the structural design of the component (position of the reinforcements) and
does not have to be determined by stress or strain distribution.

3.2. Material Models

A standard material model for concrete was chosen [41,48,49], Figure 2a, and can be simplified
into two sections—a parabolic section until the strain εc2, and a linear horizontal branch until the
ultimate strain εcu2 is reached. The values εc2 and εcu2 depend on the concrete class of the structural
member that has to be strengthened.

The material model for the steel reinforcement is also taken from Reference [41,48,49], Figure 2b.
It can be described as a bilinear curve, either with or without a strength increase (hardening) after
reaching the yield strength.

Depending on the fibre material, there are differences in the stress–strain behavior of textile grids.
The design model used here was primarily developed on the basis of tensile tests with carbon fibre
reinforcements (e.g., [50]). When using material with different characteristics, the here mentioned
recommendations may have to be modified. In Figure 3, different possible stress–strain relationships
for carbon reinforcement are shown. The variant 1 (Figure 3a, used in Reference [25,46]) derived from
material behavior observed in tension tests in former years where the investigated textile grids made
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of AR glass or carbon have shown a less stiff stress–strain behavior at lower load levels, e.g., due to
undulation of yarns after manufacturing [45–47]. The meanwhile available carbon reinforcements
show a nearly linear material behavior which led to a modification of the material model, variant 2
in Figure 3b (compare e.g., [47]) and variant 3 in Figure 3c, respectively. In Carloni et al. [23] and in
Curbach et al. [47], a stress–strain curve with constant elastic modulus as in variant 3c is recommended.
The different variants will be discussed in Section 3.4.1.

  
(a) (b) 

Figure 2. Stress-strain relationships of the reinforced concrete (RC) components according to European
code: (a) parabola-rectangle diagram for concrete under compression; (b) bilinear diagrams for
reinforcing steel (tension and compression).

(a) (b) (c) 

Figure 3. Possible stress-strain relationships for carbon reinforcements: (a) variant 1: for textiles with
weaker behavior at low stress levels, e.g., because of undulated yarns; (b) variant 2: for textiles with
linear stress–strain behavior (variable modulus of elasticity); (c) variant 3: for materials as in (b),
constant modulus of elasticity.
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3.3. Calculation Model

3.3.1. Iteration Process

Similar to RC, the design model is based on the equilibrium of internal and external forces. As is
well known, this equilibrium cannot be solved in a closed way, one or more iterations are necessary.
The iteration process is described e.g., in References [43,46,47]. In this paper, the basic formulas will be
given for a cross section with forces, stresses, and strains according to Figure 4 (compare e.g., [46,47]).
The definitions of the symbols are summarized in Table 1.

 

Figure 4. Principle of strengthened reinforced concrete (RC) cross section with outer and inner forces,
strains and stresses.

Table 1. Definition of symbols.

Symbol Definition

Indices
E external
c concrete
s steel
t textile
d design value
1 tensile stress area
2 compressive stress area
0 preload condition

Forces and Moments
F force
N normal force
M bending moment

Geometrical Values
h height
d effective depth
b width
A reinforcement area

a distance of compression force to top
layer

x neutral axis depth
z inner lever arm

ka coefficient for distance a
αR block coefficient

Stresses and Strains
σ stress
ε strain
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The maximum resistance of the cross section is reached when at least one of the three materials
reaches its ultimate capacity. The goal is to fully utilize the textile reinforcement. This is therefore
the first limiting case: The textile reinforcement achieves its ultimate strain (εtu) or ultimate strength.
The second possibility is a concrete failure in the compression zone (εc = εcu2). Last but not least, the
steel reinforcement can fail as well, when the steel strain reaches εsu, but this scenario would require
an extremely large pre-deformation of the existing component prior to the strengthening measure (see
“consideration of a preload”, Section 3.3.3), and would apply only to exceptional cases. All other types
of failure, e.g., debonding or anchorage failure, are to be excluded by separate proofs or by complying
with design regulations analogous to steel reinforced concrete construction.

The first equation for the iteration is the equilibrium for horizontal forces. Irrespective of the
graphic representation in Figure 4, compressive forces are introduced in equilibrium conditions under
consideration of the sign (negative!).

NEd = Fs1d + Ftd + Fs2d + Fcd (1)

In Equation (2), the moment’s equilibrium is formed in the centre of gravity of the
textile reinforcement.

MEd − NEd · zt1 = −Fs2d · zts2 − Fcd · zt − Fs1d · zts1 (2)

In the Equations (1) and (2), there are four unknown forces (Fs1d, Ftd, Fs2d, Fcd) and one unknown
geometrical value zt. Overall, there are two equations but five unknown variables. To solve this
mathematical problem, more equations are necessary. For this reason, the strains will be brought into
relation, according to the Bernoulli hypothesis.

εs1 = εc2 + (εt + εt0 − εc2) · ds

dt
(3)

εs2 = εc2 + (εs1 − εc2) · d2

ds
(4)

εt0 = εs10 + (εs10 − εc20) · zts1

ds
(5)

For iteration, a first strain distribution must be estimated. Then, the position of the neutral axis x,
including all coefficients such as ka and αr, and the compression force Fcd can be calculated. With the
help of the geometric values of effective depth of the textile dt and the centre of gravity of the resulting
concrete compressive force a, the inner lever arm zt can be determined. Due to the given amount of
steel reinforcement and the according stress–strain relationship, the steel stresses εs1 and εs2 can be
calculated. Now the equilibrium of moments can be checked. If it is fulfilled, Equation (1) can be
used to determine the necessary textile reinforcement according to the material characteristics of the
grid. If it is not fulfilled, the assumed strain distribution has to be modified and the calculation must
be repeated.

3.3.2. Design Tables for Calculation

The iteration process described before can be time-consuming. Therefore, dimensionless design
tables can be developed, e.g., References [46,47]. Analogous to RC calculation tables, specific
application limits must be taken into account, e.g., the concrete strength class and the kind of steel
reinforcement. In the case of flexural strengthening with TRC, the characteristic material properties of
the textile reinforcement (stress–strain relation) must be considered as well. That means, for every kind
of textile, special design tables have to be created. For textiles that are frequently used, however, it is
worth the effort to generate such tables because overall the handling is much more efficient compared
to the iteration.
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For rectangular cross sections made of normal strength concrete and reinforcing steel acc. to
EC2 [41,48,49] and carbon reinforcement acc. to Reference [25], (ed. 2016, characteristic ultimate strain
εtuk = 0.0075), design tables were already developed (Frenzel [46], stress–strain relation according
to Figure 3a; Zobel [47] has used the more linear stress–strain relation of modern textiles acc. to
Figure 3b, as well as higher design values for the tensile strength of carbon). In Table 2, a stress–strain
distribution with constant Young’s modulus according to Figure 3c was used, recommended by the
authors and Carloni et al. [23]. Table 2 does not include reductions in regard to durability, temperature,
and permanent load when determining the design value of the carbon material strength; for discussion,
see Section 3.4. In addition, in Table 2, strain hardening of the steel reinforcement was not considered
(horizontal branch of σ-ε curve after reaching the yield strain); the preload εt0 is assumed to be zero.

Table 2. Dimensionless design table for rectangular reinforced concrete RC member flexurally
strengthened with textile reinforced concrete (TRC 1).

μt ωt ξt = x/dt ζt = zt/dt εc2 (�) εt (�) σt (N/mm2)

0.01 0.0102 0.059 0.980 −0.37 5.95 1291.67

Rupture of textile
reinforcement

0.02 0.0206 0.084 0.972 −0.54 5.95 1291.67
0.03 0.0311 0.103 0.965 −0.68 5.95 1291.67
0.04 0.0417 0.120 0.959 −0.81 5.95 1291.67
0.25 0.2947 0.366 0.848 −3.43 5.95 1291.67

0.26 0.3091 0.382 0.841 −3.50 5.67 1230.68

Failure of concrete
0.27 0.3239 0.400 0.834 −3.50 5.25 1139.59
0.34 0.4391 0.542 0.774 −3.50 2.95 641.40
0.35 0.4576 0.565 0.765 −3.50 2.69 584.60

1 stress–strain relationship acc. to Figure 3c, no preload (εt0 = 0).

The handling is easy. First, it is assumed that the steel strains εs1 and εs2 reached or exceeded the
yielding point. With Equation (6), the design bending moment μt can be calculated:

μt =
MEdt + Fs1d · zts1 + Fs2d · zts2

b · fcd · dt
2 (6)

Forces and moment can be calculated as follows:

Fs1d = As1 · fyd; Fs2d = As2 · fyd; MEdt = MEd − NEd · zt1

The textile reinforcement ratio ωt and the strains εt and εc2 can be taken from Table 2. In the
next step, the previous assumption for the strains εs1 and εs2 (yield range) must be checked with
Equations (7) and (8).

εs1 =
εt − εc2

dt
· ds + εc2 > εyd1 (7)

εs2 =

∣∣∣∣εt − εt − εc2

dt
· (dt − d2)

∣∣∣∣ > εyd2 (8)

(a) If Equations (7) and (8) are fulfilled, the textile reinforcement area At can be determined on the
basis of the following formula (9):

At =
1
σt

· (ωt · b · fcd · dt + NEd − Fs1d − Fs2d) (9)

(b) If the yield strains are not reached, μt must be recalculated (Equation (6)), taking into
consideration the strains calculated by (7) and (8), as listed below:

Fs1d = As1 · fyd, if εs1 ≥ εyd1; Fs2d = −As2 · fyd, if |εs2| ≥ εyd2

Fs1d = Es1 · εs1, if εs1 < εyd1 ; Fs2d = Es2 · εyd, if | εs2| < εyd2
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Now, the textile reinforcement ratio ωt and the strains εt and εc2 can be selected again from
Table 2. In the next step, the “new” defined strains εs1;new and εs2;new must be checked with
formulas (10) and (11) as well.

εs1;new =
εt − εc2

dt
· ds + εc2 ≈ εs1 (10)

εs2;new = εt − εt − εc2

dt
· (dt − d2) ≈ εs2 (11)

If the values εs1 and εs1 do not match, the procedure must be repeated from point (b) until the
Equations (10) and (11) are fulfilled.

Finally, Equation (9) can be used to determine the required textile reinforcement area At.

3.3.3. Consideration of a Preload εt0

In some publications, the influence of a preload applied to the basic component before it was
strengthened have been already addressed, e.g., References [22,51] with a focus on experimental
results or [46,47] with regard to calculation. The thesis is that the imprinted strain state of the initial
component is of particular interest for the design. Therefore, the preload influence on the design
of a flexural strengthening TRC layer, already discussed in Reference [46] and further examined in
Reference [47], shall be summarized.

Figure 5 displays the relation between the design bending moment μt and a pre-deformation εt0.
εt0 is a virtual size and can be determined from strain distribution of the pre-deformed component
and by an assumption of the position of the textile grid in the reinforcing layer (compare Figure 4),
taking a plane cross section into account (Bernoulli). Now, εt0 was used as an input value for further
strain analysis. In the diagram, there are two different colored areas. In the grey one, the ultimate
strain of the concrete, and in the green one, the ultimate strain of the carbon reinforcement is reached
in ULS. The corresponding other strain value varies from its maximum and minimum respectively to
zero (compare the different colored lines in the diagram). In the green area, tensile failure of the textile
occurs; the carbon reinforcement is fully utilized. In the grey zone, concrete failure will happen. The
dark blue line is the limit, where concrete and carbon reinforcement fail at the same time. It can be
concluded [46,47] that for the same design bending moment μt and increasing pre-deformation εt0, the
utilization of the concrete compression zone increases. Strain distribution, type of failure, and required
textile reinforcement At are therefore dependent on the pre-stress condition of the unstrengthened RC
cross section.

 

Figure 5. Influence of a pre-deformation on the strain plane and failure mode of a retrofitted
reinforced concrete (RC) member as a function of the design bending moment; published by Zobel in
Reference [47], modified (diagram is based on a stress-strain distribution of the carbon reinforcement
acc. to Figure 3c and Reference [25]).
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3.4. Special Aspects to be Taken into Account When Applying the Design Proposal

Similar to reinforced concrete construction, flexural design based on the equilibrium of internal
and external forces is a reliable method. The method presented here has been tested by means of
various experimental investigations. Altogether, satisfactory results were achieved. Nevertheless,
there are still aspects to be discussed. These include the assumption of a stress–strain relationship for
the textile reinforcement as well as the questions, which partial safety factors or which distribution
function are to be used for the scattering material properties. Furthermore, not all failure phenomena
observed by different researchers [22,23] so far have yet been conclusively explained. In this sense, the
following sections are to be understood as a basis for discussion.

3.4.1. Influence of the Used Stress–Strain Relationship for the Textile Reinforcement

The design table presented in Section 3.3.2 uses the stress–strain curve for a carbon fibre strand
shown in Figure 3b. For the reliable determination of the component’s load-bearing capacity, this
curve is reduced in certain values by a partial safety factor. For the material design curve currently in
use, only the strength is reduced. However, this is also accompanied by a reduction in the modulus
of elasticity. This corresponds to the procedure, which is also used when applying the stress–strain
curve in concrete design. On the other hand, in Reference [23] or Reference [47] a further variant is
presented (Figure 3c). In this variant, the strength and the elongation are reduced to the same extent,
so that the modulus of elasticity does not change. This corresponds to the procedure which is also used
in the design of reinforcing steel—at least for the linearly elastic, first section of the reinforcing steel
stress–strain line until the yield point is reached. Here, the characteristic value of the yield strength
is first reduced by the partial safety factor, after that the corresponding elongation is determined by
division with the modulus of elasticity of the reinforcing steel. In the variant from Figure 3c for the
carbon textile, the procedure is the same. First, the breaking stress is determined by means of single
fibre tensile tests [52] or uniaxial tensile tests, e.g., according to Reference [50], and then the elongation
at failure is determined by division of the strength by the modulus of elasticity. The reduction of the
strength and elongation values takes place to the same extent, so that the modulus of elasticity remains
the same before and after the reduction.

What effects does this changed procedure have on the load-bearing capacity design, since the
value of the elongation at fracture plays an important role as one of the two limit strains in the iteration
process for cross sectional design? With variant from Figure 3c, a stiffer bending component behavior
is obtained by reaching the maximum textile stress earlier with smaller elongation at failure, since
the elongation at failure is also reduced. This results in a faster utilization of the concrete pressure
zone compared to the variant from Figure 3b in a bending component designed for the ultimate limit
state. The effects investigated for the general case are explained in detail in Reference [47] and can be
summarized as “lying on the safe side” since both variants do not have an intersection with the 5% or
95% quantiles of the probabilistically calculated design parameters. In Reference [47], the variant from
Figure 3c was defined as the preferred variant.

3.4.2. Partial Safety Factor for Carbon Textiles

Safety factors are a crucial topic within the framework of a semi-probabilistic safety concept,
which is common in the construction industry. In 2014, a proposal was already presented for the
determination of partial safety factors for carbon textiles and for the characteristic and design values
of the tensile strength, see Reference [25]. The distribution and the mean value of the strength were
determined on the basis of 50 uniaxial tensile tests. Assuming a normally distributed quantity, a
standard deviation and the 1.5% quantile were calculated, considering the low data basis for statistical
purposes. The characteristic nominal strength for the investigated carbon textile acc. to [25] was
specified to 1550 N/mm2.
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In Reference [53], a comparative calculation was presented using EC0 [54] on the basis of a
representative bending component. The general safety level for buildings and components required by
the Eurocode is verified by calibration on reinforced concrete. First, a steel reinforced concrete slab is
dimensioned using the usually applied semi-probabilistic method and the required reinforcing steel
reinforcement is determined. Subsequently, the distributions of the acting and resisting moment are
calculated and compared using a Monte Carlo simulation under the assumption of scattering actions
(dead weight and payload) and resistances (reinforcement tensile strength), so that a failure probability
can be determined first for the steel reinforced concrete slab. Afterwards, the same procedure is carried
out in several iteration steps for the textile reinforced concrete slab: the iterated parameter equals the
partial safety factor for the textile and the iteration target equals the failure probability of the steel
reinforced concrete slab, which was considered safe. With the aid of this procedure, the partial safety
factor for textiles γt = 1.2 was introduced into the first building authority approval [25]. More recent
investigations with further calculations [55], however, showed that a lower value with γt = 1.1 also
is reasonable. These partial safety factors do not take into account reductions in regard of durability,
temperature and permanent load. In Reference [53], all influences were combined to a general, and
therefore significantly higher, safety factor. However, since these reductions differ for each type of
material, it is recommended to adjust the corresponding characteristic value. The topic is still under
research in textile concrete research, e.g., in the C3 project [56].

4. Practical Applications

Even if there are still points open for discussion, TRC has already been used for several renovation
measures. An overview on the different fields of application are given e.g., in References [22,24,57],
additional examples are presented for example in References [58–60]. TRC is used for the strengthening
for static or earthquake loading, but also to improve the usage properties, e.g., limiting deflections,
repairing cracks, and sealing or repairing concrete surfaces. In the field of flexural strengthening,
examples of applications can be found both in conventional building construction and in the field of
monument protection.

An example of the first group is the renovation of a residential and commercial building in Prague
(Czech Republic, 2009/2010) [59]. Ceiling slabs had to be strengthened in that project. The RC flat
slabs were supported by brickwork at the edges and by point supports inside the building (column
grid 12.8 m × 13.1 m). In some areas there were considerable deflections of up to 15 cm. In addition,
there were problems with the flexural load-bearing capacity and the punching safety. TRC was used
in the interior fields to increase the bending load-bearing capacity and the ceiling’s stiffness. Up to
4 layers of carbon textile were required. After preparing the surface (roughening, pre-wetting), the
first layer of fine-grained concrete (3 mm thick) was sprayed on. The carbon layer was subsequently
embedded. These steps were repeated until the required number of layers was reached. The maximum
thickness of the TRC layer was 2 cm. A total of approx. 3000 m2 of carbon textile was processed.

In the field of monument protection, TRC has already been used for the renovation of several RC
shell structures, where the low additional weight and the flexibility of the textile fabric are particularly
advantageous. A further early application was the renovation of a hypar shell above a lecture hall
at the Schweinfurt University of Applied Sciences (Germany, 2006), e.g., [61,62]. The shell, which
was only 8 cm thick in the middle area, measures 38 m × 39 m. In the area of the cantilevered high
points, considerable deformations occurred due to stress exceedances over the column supports. The
strengthening was carried out with 3 layers of carbon textile (Figure 6a). A total of approx. 450 m2 of
carbon textile was processed. A second RC hypar shell was retrofitted with carbon reinforced concrete
in Templin (Germany) in 2016. The refurbishment of a hypar shell in Magdeburg (also in Germany,
Figure 6b) is currently being planned [63]. The tests to obtain an approval for individual cases based
on Reference [25] were successfully completed. The strengthening with carbon textiles is scheduled
for 2019.
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(a) (b) 

Figure 6. Textile reinforced concrete (TRC) retrofitting of hypar shells; (a) application of TRC
strengthening at a hypar shell in Schweinfurt (photos: Ulrich van Stipriaan and Silvio Weiland,
reproduced with permission from [59], Ernst & Sohn, 2015), (b) hypar shell in Magdeburg before
restoration (photo: Heiko Wachtel).

Until today, mostly structural engineering components have been retrofitted with textile reinforced
concrete. Yet, there is also a considerable need for renovation of bridges. TRC has already been tested
on concrete arch bridges (non-reinforced concrete), bridge piers, bridge caps or, as an additional
concrete layer, on bridge decks (compression zone), see e.g., References [58,64–66].

5. Outlook on Current Research and Summary

Bending tests were also carried out within the BMBF-funded project ‘C3 – Carbon Concrete
Composite’ [56], subprojects C3-V1.2 [67] and C3-V2.7 [68] in at TU Dresden. The aim of research
and development within ‘C3’ is to establish carbon reinforced concrete in construction practice. Both
the carbon reinforcements and the concretes used were further developed in order to improve the
properties of the composite (durability, manufacture, anchoring, etc.). Load bearing mechanisms as
well as design models are to be investigated and modified respectively in greater depth. In comparison
to the textiles used in earlier bending tests, the now used ones are significantly stiffer and show higher
tensile strengths. The main aim of the test program was therefore to demonstrate that the calculation
model presented in Section 3 for strengthened RC slabs can also be applied to the new textiles. The
tests were carried out on plates with the dimensions 3.3 × 0.5 × 0.12 m3 mainly as four-point bending
tests with variable distances of the load introduction points. In addition to six reference plates, a total
of 18 strengthened plates were tested. For strengthening, textiles from solidian GmbH (GRID Q85/85,
at = 85 mm2/m) and from V.Fraas Solution in Textiles GmbH (SITGrid 40, at = 141 mm2/m) were
used. An evaluation of the experiments is currently taking place. Therefore, only the basic phenomena,
observed during the experiments, are mentioned here. For an in-depth scientific analysis, please await
future publications.

Depending on the configuration of the textile and the concrete base, the strengthened plates
achieved 2–6 times the loads compared to the reference ones. In principle, the load-bearing behavior
was in accordance with the effects described and observed earlier. The unstrengthened reference
plates with low reinforcement level showed a tensile failure of the steel reinforcement; at higher
reinforcement levels, a concrete compression failure occurred. The predominant type of failure of the
strengthened slabs was a tensile failure of the textile reinforcement. At very high TRC strengthening
levels, the formation of a critical crack could be observed, which led—after constricting the pressure
zone—ultimately to a compression failure of the concrete in the pressure zone. This type of failure
occurred at loads at which the range of minimum shear force resistance of the concrete base (calculated
acc. to References [41,48,49]) had been nearly reached or already exceeded. In addition, in some
configurations, splitting, or delamination in the plane of the textile reinforcement was observed,
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starting with a crack. This tendency was observed to an increasing extent with the reduction of the
distance between the two individual loads. The exact reasons for the change of failure mode, however,
have still to be analyzed. One assumption might be the curvature in connection with the stiffness of
the textile. The observed failure types and forms lead to the conclusion that in addition to the desired
flexural strength failure, other failure types can also become decisive due to the higher stiffness of
the new generation of textile reinforcements. This must be taken into account in the planning and
execution of strengthening measurements. In addition, proofs must be developed in order to reliably
calculate these types of failure.

In summary, the article outlines the potential of flexural strengthening with TRC. A calculation
model was presented to dimension a TRC strengthening. The assumptions underlying the model were
explained and discussed. Critical points were identified. Thus, for the application of the model, for
further research and development of TRC construction and for the practical application of TRC, the
type of the textile reinforcement, the associated stress–strain curve, the bond behavior, and a preloading
of the basic component must be taken into account. Hence, further research will be necessary with
regard to the change of failure modes.
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Featured Application: The present paper contributes to the discussion on modeling methods

appropriate for the structural analysis of thin-walled concrete shells, a rapidly developing

field of material and structural design utilizing the high-performance cementitious composites

reinforced with non-metallic reinforcement. An effective modeling support is paramount for

the derivation of reliable and economic design and assessment principles in a wide range

of applications.

Abstract: The paper focuses on the specifics of macro-scale modeling of thin-walled textile-reinforced
concrete shells. Application of layered shell finite elements requires systematic procedures for
identification of material characteristics associated with the individual layers within the cross section.
The identification of the material parameters describing the tensile behavior of a composite cross
section is done using data obtained from the tensile test. Such test is usually performed only for a
reference configurations with a simple layup of fabrics and a chosen thickness. The question is how to
derive the strain-hardening response from the tensile test that is relevant for a changed cross-sectional
configuration. We describe and discuss scaling and mixture rules that can be used to modify the
material parameters for modified cross-sectional layups. The rules are examined in the context of
the test results obtained on a shell that was reinforced non-uniformly, with varying types of textile
fabrics and varying thickness within the shell surface.

Keywords: textile-reinforced concrete; thin-walled shells; cementitious composites; layered finite
elements; mixture rules; model calibration

1. Introduction

Several applications of thin-walled concrete shells reinforced with high-performance textile
fabrics realized in the recent decade have convincingly demonstrated the potential of the new
type of composite for the design and construction of highly efficient structural members [1,2].
The combination of fine aggregate concrete matrix with textile fabric reinforcements made of
carbon enabled the construction of lightweight, thin concrete shells with curved geometries [3].
Experimental investigations of structural behavior were performed for large-scale shells with
strain-hardening behavior serving as roof elements [4–6], pedestrian bridges [7,8], sandwich panels and
facade elements [9–11]. Because of the non-corrosive nature of the reinforcement, a high sustainability
and durability of this type of structures are provided. The development of compatible material
components, i.e., the cementitious matrix and the reinforcement fabrics, is continuously extending
the spectrum of design and manufacturing options. This development of material and manufacturing
technologies calls for an effective support in terms of efficient and validated modeling approaches
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delivering a correct prediction of the structural behavior of thin-walled textile-reinforced concrete
(TRC) shells. Efficient and realistic models of non-uniformly reinforced fabric reinforced shells are the
assumption for the development of robust design and assessment concepts [12,13]. Such modeling
strategies must account for the specific features of the material and of the nonlinear structural behavior
of TRC shells. The particular issues to be considered in the macro-scale modeling of TRC shells include:

• Correct reproduction of the strain-hardening response of the shell cross section for a wide range
of loading conditions including the tensile or bending loads.

• Initial and damage induced anisotropy owing to the oriented crack pattern within the
two-dimensional stress state in the shell plane.

• Geometrical nonlinearity in interaction with imperfections requiring the buckling analysis as
documented in experimental studies [4] and numerical investigations of the effect of imperfections
on the structural behavior [14,15].

The focus of the present paper is on the first item, i.e., a flexible reflection of the strain-hardening
behavior in macro-scale simulations of TRC shells. The second aspect of damage-induced anisotropy
is considered here as well; however, it does not have a significant influence on the structural behavior
of the studied girder. The issue of geometrical nonlinearity and buckling behavior is not within the
scope of the present paper.

Considering a TRC element with sufficient reinforcement ratio loaded in tension, three phases of
tensile response are distinguished:

• Phase I: linear elastic behavior with the strain–stress relation characterized by the composite.
elasticity modulus,

• Phase II: formation of the cracks at the level of the matrix tensile strength,
• Phase III: saturated crack state with steady matrix stress level between the cracks; the effective

stiffness of the composite in this phase is approximately equal to the stiffness of the
reinforcing fabrics.

Existing approaches to modeling of this tensile behavior can be roughly classified into three
categories summarized in Figure 1. The theoretical descriptions based on discrete representation of the
matrix cracking process and debonding between matrix and reinforcement displayed in column (a)
of Figure 1 considers an elastic-brittle behavior of fabrics and matrix material components. In this
model, the nonlinear strain-hardening response results from the evolution of discrete cracks emerging
along the specimen with random matrix strength and nonliner bond stress—slip relation [16,17].
The ambition of this modeling approach is to predict the strain-hardening behavior of a particular
cross-sectional design using the parameters of the material components and of the bond between the
concrete and fabrics [18].

Even though the discrete crack modeling approaches provide a valuable insight into the process
of matrix cracking and debonding, a realistic and reliable prediction of the composite response σc(εc) is
still not possible. The reason is the complexity of interaction mechanisms governing the bond behavior.
Moreover, the effect of material heterogeneity and imperfections at the levels of the fiber bundles, of the
fabrics and of the cross-sectional thickness introduces further challenging tasks for the development of
micro- and meso-scale modeling approaches. At this level of modeling, further effort is necessary to
capture the inelastic interaction effects within a multi-scale model with a broader range of validity
than available so far.
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Figure 1. Classification of modeling approaches to tensile behavior of textile-reinforced concrete
shells including the resolution of stresses along a uniaxial specimen, resolution of stress and strain
components in a material point and examples of inelastic material characteristics.

As a result, the strain-hardening response of the composite is usually experimentally characterized
using a composite tensile test. The measured response provides the input for an efficient calibration of
phenomenological numerical material models. These macro-scale material models, applicable in finite
element simulations, represent the strain-hardening response phenomenologically in terms of inelastic
state variables, i.e., damage and plastic strains. An approach representing the composite with a
uniform material behavior over the cross section depicted in column (b) of Figure 1 has been applied by
the authors for the simulation of with laminated carbon TRC shells [14]. In this simulation concept, the
material parameters are specific to a particular cross-sectional layup and thickness. If the cross-sectional
configuration changes, the material model is not valid anymore and its material parameters must be
recalibrated. Due to the plane stress state within the shell surface, the inelastic effects, i.e., damage
or yielding, need to be captured only in the in-plane direction of the shell. The application of this
model is limited to cross sections with uniform fabric reinforcement over their height or to structures
with prevailing membrane stresses. As discussed later on, the reason is that the position of the fabrics
within the cross section is not distinguished in the model so that the bending behavior of sparsely
reinforced cross sections cannot be correctly reproduced.

In this paper, we focus on the modeling approach depicted in column (c) of Figure 1 with a
resolved representation of the matrix and fabric layers within the cross section. In contrast to the
discrete cracking models, the matrix cracking represented in a smeared way along the specimen length
but is ascribed to a resolved layer of concrete within the shell cross section. Such a distinction between
the effective fabrics and matrix layers allows for the rescaling of material parameters for a changed
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cross-sectional configuration including e.g., reinforcement ratio or layup of the fabrics within a cross
section. Such scaling is needed to enhance the validity range of the macroscopic models for layered
TRC shells so that a smaller amount of calibration experiments is required for the identification of
the material parameters. The model classification in Figure 1 is focused on the representation of a the
composite cross section. Finite element models based primarily on solid finite element discretization
with an explicit resolution of material interfaces including also the localization of individual concrete
cracks, presented e.g., in [19,20], have a different focus and different purpose, i.e., local stress effects in
structural details of the simulation of TRC sandwich panels. For an efficient and realistic prediction of
the nonlinear behavior of thin TRC shells, the layered shell models provide the appropriate dimensional
reduction of the simulated boundary-value problem.

Layered shells have already been applied recently in the context of the nonuniformly reinforced
TRC shells using both smeared and resolved layup within a TRC shell [21,22] in combination with
damage-plasticity models available in ABAQUS [23]. Consistent with these studies, a generalized
description of the scaling and mixture rules for elastic and inelastic material parameters reflecting
modified layups of thin TRC shells is proposed in the following sections. The smeared and resolved
models of the cross section are validated using the test data obtained within an experimental
investigation of girder element briefly described in Section 2. The smeared representation of
a composite cross section (Figure 1, column b) is realized using an anisotropic damage model
characterized in Section 3. The decomposition of the tensile response for the layered cross section
(Figure 1, column c) is then described in detail in Section 4 including the qualitative validation of the
correct bending response. Finally, in Section 5, we present the results of the numerical simulations of
the girder response performed using the calibrated material models in combination with the smeared
and resolved cross-sectional idealizations.

2. Test Setup for the Carbon Concrete Girder

The experimental response of the thin-walled carbon concrete ceiling elements depicted in Figure 2
developed at the Institute of Concrete Structures at TU Dresden [24] served for the validation of the
macroscopic modeling approaches (c) and (d) from Figure 1. The girders were non-uniformly reinforced
with two types of fabrics of the fineness 3300 tex and 800 tex. Their thickness was non-uniform as well.
The cross-sectional shape is shown in Figure 3a. As apparent from Figure 3b, two types of cementitious
matrix were applied within the cross section, the outer layers were made of the Fleece Concrete
Composite (FCC) and the inner textile-reinforced concrete layer (denoted as Carbon Reinforced
Concrete in Figure 4) was made of a fine grain concrete with the carbon fabrics position in the middle
of the 10 mm high section. The geometry, layout of fabrics within the shell and the specification of
layers within a cross section of the girder is provided in Figure 4.

Figure 2. Test specimens.
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(a) (b)

Figure 3. Girder cross section: (a) profile of the girder with the carbon fabric reinforcement;
(b) cross-sectional layup consisting of carbon reinforced concrete in the middle section and fleece
concrete composite at the top and at the bottom.
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Figure 4. Cross section layups of reinforced shell sections consisting of 3300 tex and 800 tex fabrics,
fleece concrete composite (FCC) and carbon reinforced concrete (CRC) displayed for a quarter section
of the girder corresponding to the two planes of symmetry [24].

The girders were tested using a six-point bending test depicted in Figure 5. The load was
introduced using wooden plates following the catenary curve of the vault within a girder section.
The experimentally obtained load–deflection curves obtained in the test are used later on in Section 4
for the validation of the discussed modeling approaches.

Figure 5. Test setup of the carbon concrete girder.
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3. Smeared Model of a Cross Section

3.1. Characterization of the Applied Anisotropic Damage Model of a Shell Layer

The classification of modeling approaches introduced in Figure 1 considers the inelastic material
behavior of the composite layers in a general way. Even though a damage model is chosen in the last
row of Figure 1 as an example, the classification can be used in combination with plasticity models
describing the strain-hardening or strain-softening behavior as well. This classification provides the
framework for the explanation of the scaling and mixture rules for inelastic material parameters
presented in the sequel.

To formulate and to validate the scaling and mixture rules in combination with a particular
example of an inelastic material model, a microplane damage model introduced in [25] has been
chosen to reflect the nonlinear material behavior of the composite layers. Inelastic effects governing
the stress–strain response are thus represented by a damage function as exemplified in the last row
of Figure 1. The key idea behind the microplane models is to reflect the material state on a set of
planes on a unit hemisphere or circle around a material point instead of using the usual tensorial
representation. The microplanes are used to establish the mapping between the strain and stress
tensors as proposed in the original model by Bažant et al. [26] sketched in Figure 6a. The macroscopic
strain tensor ε is decomposed onto the microplane directions by a geometric projection, delivering the
microplane strain vectors e. A constitutive law at the microplane level defines the relation between the
apparent and effective microplane strain and stress vectors. Finally, the macroscopic stress tensor σ

is obtained using the condition of energetic equivalence between the microplane discretization and
the tensorial representation of stress at the material point. As the original version was detected to be
thermodynamically inconsistent, several refinements have been proposed as documented e.g., in [27].
Currently, the microplane discretization of a material state provides a well established framework for
sound formulation of anisotropic inelastic material models [28].

Figure 6. Algebraic structure of the microplane models (a) basic principle of microplane model;
(b) constitutive stress–strain relation in the microplane damage model.

In the microplane damage model used here [25], each microplane is associated with a projected
strain and damage state variables. Its important property is the separation between the apparent and
effective stresses and strains. As indicated in the algebraic structure of the microplane damage model
depicted in Figure 6b, the apparent stress tensor εεε is first projected onto the microplanes rendering the
microplane strain vectors eee. Then, the effective microplane strains ẽee is obtained with the help of the
damage/integrity function. By employing the condition of energetic equivalence, i.e., the principle of
virtual work, the corresponding effective strain tensor ε̃εε is obtained by integrating the strains over the
microplane discretization. The relation between the effective strain tensor ε̃εε and the effective stress
tensor σ̃σσ is provided explicitly using the elasticity tensor DDDe. Analogous to the described mapping of
strain, the mapping between the effective stress tensor σ̃σσ and apparent stress tensor σσσ is performed
with the help of the microplane state discretization governed by the prescribed integrity function
φ = 1 − ω. In the applied implementation of the model, only the normal component of the microplane
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strain and stress is considered. The model is thermodynamically consistent and implicitly captures the
Poisson’s effect of the undamaged, still an effective skeleton of a material structure in a material point.

The briefly characterized microplane damage model falls into the category of anisotropic damage
models. Its application to the simulation of TRC shells has been described in [14]. The reason for
choosing this model in this paper is twofold: the damage function can be automatically calibrated for
both strain-hardening and strain-softening behavior, and it can reflect the anisotropy of damage due
to the development of oriented cracks in the in-plane directions of the shell. The applied version of
the model specialized for shells uses microplanes arranged around a unit circle centered at a material
point. By aligning the stress and strain tensors in a material point to the shell geometry, the in-plane
(ξ, η) and out-of-plane (ζ), the evolution of in-plane damage at a material point can be related to a polar
discretization of the material state in a material point displayed in Figure 7. In this state representation,
the degree of damage depends on the orientation within the shell surface. This fact introduces the
damage anisotropy reflecting the evolution of oriented, fine crack pattern.

Figure 7. Microplane model within a single layer of a shell cross section.

Further details of the mathematical formulation of the microplane damage model for TRC shells
would go beyond the scope of the present paper. The complete model description including the
calibration procedure, elementary verification studies and model validation using three-point bending
test and slab tests are provided in [14]. The formulated material model was implemented by the first
two authors as a user subroutine in the finite element code ABAQUS and in the in-house research
software BMCS. It is used in the following studies both in smeared and in resolved versions of the
shell model to simulate the strain-hardening and strain-softening material behavior, respectively.

3.2. Calibration of a Smeared Cross Section Model Using a Tensile Test

To identify the damage functions with the same effective stress–strain behavior assumed
in all material points of a cross section, the data from the tensile test following the RILEM
recommendation [29] was used as input. The cross sections with similar fabric layups as those
used in the tested girder were tested in two series. The specimens were reinforced with a single layer
of fabrics, one with 3300 tex and one with 800 tex. Figure 8 shows the stress–strain response obtained
in four tests for each cross section as gray dashed lines, and the average response curves as black
solid lines. Given the cross-sectional thickness dtest and area of the textile fabrics per unit width af, the
reinforcement ratio ρtest reads

ρtest =
af

dtest . (1)

The fabric area per unit length and the corresponding reinforcement ratios for the tested specimens
reinforced with both types of fabrics are listed in Table 1.
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(a) (b) (c)

Figure 8. Tensile response of the cross sections with (a) 800 tex, (b) 3300+tex reinforcement and (c) of
the hybrid cross section 3300+800 tex.

Table 1. Cross section characteristics; parameters of performed tests in boldface font, derived values in
normal font.

fabric fineness [tex] 800 3300 3300 + 800

fabric area af [m2/m] 0.616 · 10−4 1.713 · 10−4 2.329 · 10−4

specimen thickness d [m] 0.01 0.01 0.01

reinforcement ratio ρ = af/d̄ [-] 0.616 · 10−2 1.713 · 10−2 2.329 · 10−2

hybrid section ratio η (Equation (9)) [-] 0.264 0.735 1.000

final composite stiffness Ecf [GPa] 1.48 3.22 4.70

effective fabric stiffness Ef [GPa] 250 188 202

The parameters of the microplane damage model include the Young’s modulus (Em = 28 GPa)
and Poisson’s ratio (0.2) and the function φ(e) = 1 − ω(e) defining the diminishing integrity evolution
for an increasing normal microplane strain. The integrity functions obtained using the incremental
calibration procedure are plotted in Figure 9a,b for the two tested cross sections. As observed for the
cross section with 800 tex fabrics in Figure 9a, the integrity does not drop to zero but remains at a
constant level corresponding to the final elastic stage of the strain-hardening behavior at which no
further matrix cracks appear. In case of the 3300 tex specimens, the shape of the damage function
shown in Figure 9b reveals an increasing integrity in the range of strains 0.001 < ε < 0.002. This effect
is owing to the delayed activation of filaments within the yarn cross section, usually referred to as
slack, of stretched filaments in this range of strains.
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(a) (b)

Figure 9. Calibration of integrity functions φ = (1 − ω) using experimentally obtained stress–strain
curves on 10 mm thick specimens reinforced with one layer of (a) 800 tex and (b) 3300 tex carbon fabrics.

3.3. Limitations of the Smeared Cross Section Model

The calibrated functions are valid only for the cross sections that were used in the test. Any change
in the cross-sectional configuration would require conducting a new tensile test with a subsequent
calibration of inelastic parameters. Such a requirement would certainly make the design, calibration,
structural analysis and assessment of shells uneconomic. Thus, scaling procedures for strain-hardening
response are required to extend the validity range of numerical models for a wider range of
cross-sectional designs.

Another limitation of the smeared model results from the assumption of uniform material behavior
in all layers of the cross section. Figure 10 shows the strain and stress profiles over the cross-sectional
height that occurs upon bending load. Since every material point in the cross section follows the same
strain-hardening curve, there is no possibility to reflect the effect of the position of the fabrics in the
cross section. As a result, the smeared model cannot correctly capture the effect of the lever arm on
the bending response in sparsely reinforced cross sections. As we shall document later on, this fact
can result in an overestimation of stiffness if the loading induces non-negligible amount of bending
stresses within an analyzed shell.
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: carbon concrete layer
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: concrete layer
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Figure 10. Stress and stress and profiles for the considered representations of the composite cross
section with the distributions of integration points over the height: (a) smeared idealization with
uniform material in each material point; (b) resolved cross-sectional idealization with different material
behavior in plain concrete and fabric layers

4. Resolved Model of a Cross Section

To extend the range of applications to shells with a non-uniform distribution of fabrics within
the cross section, the following enhancements of a material model describing the layer behavior
are required:
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• Scaling of the strain-hardening response for a modified reinforcement ratio related to a varying
shell thickness or to the area of fabrics.

• Mixture rule to identify the strain-hardening response of a cross section layer combining several
types of fabrics.

• Definition of a layered discretization of a shell cross section based on the scaling and mixture rules.

As already mentioned, these enhancements are not specific to the underlying microplane damage
but are also valid for other types of inelastic material models, e.g., damage-plasticity models.

4.1. Decomposition of the Composite Stress

To derive the constitutive parameters related to a resolved, layered representation of a cross
section within a shell finite element, a simple idealization of the cross section consisting of two parallel
uniform material components with nonlinear, behavior is used. By idealizing the cross section as two
nonlinear, springs with a stiffness defined in accordance with area fractions of the matrix and fabrics,
the stress–strain measured in the reference tests are decomposed into matrix and fabrics stresses
as follows:

σtest
c = σtest

cf + σtest
cm = ρtest σf + (1 − ρtest) σm, (2)

where σtest
cf and σtest

cm are related to the unit area of the composite and σf and σm to the area of the
material of fabrics and matrix, respectively.

Since the stress–strain response of the studied carbon fabric material is linear elastic and brittle,
a natural choice for the approximation of the fabric stress is σf = Eyarn

f εc, leading to the fraction of
composite stress transmitted by fabrics

σtest
cf (εc) = ρtestEyarn

f εc, (3)

with Eyarn
f determined in a yarn tensile test.

However, the effective behavior of the fabrics in the composite may be significantly different from
the one measured in the tensile test of a yarn. The major two sources of the difference are

• the nonuniform fabric strain along the composite tensile test specimen, and
• the nonuniform strain profile within a thick fiber bundle cross section.

The former effect of matrix fragmentation leading to a fluctuating stress transfer to and from the
concrete matrix between the cracks indicated in column (a) of Figure 1 can be explained and visualized
using the meso-scale models explicitly reflecting the multiple-cracking and debonding during the
loading process [18].

The latter issue considers the non-uniformity of the stress within the yarn with roughly 50,000
filaments within the bundle as is the case for the 3300 tex carbon yarns used within the cross section.
Even though these yarns are penetrated with styrene-butadiene material, their effective stiffness is
much lower than in case of the 800 tex fabrics [30].

Moreover, another structural effect within the bundle that makes the transformation of material
characteristics non-trivial can be recognized in Figure 11b. Fabrics with a large yarn cross-sectional
area containing up to 50,000 filaments can exhibit a phenomenon called slack, meaning that the
reinforcement reaches its full stiffness only after some initial level of loading. This effect occurs when a
non-negligible amount of filaments is not aligned with the direction of loading so that they must be
stretched before they can start to contribute to the load transfer.

The interaction of the inelastic effects, i.e., slack, multiple-cracking and debonding, explain why
the material stiffness Eyarn

f determined in yarn or fabric tensile tests is different from the effective
stiffness in the composite. Therefore, a pragmatic approach to the identification of the effective fabric
stiffness sketched in Figure 11 is used as a starting point in the decomposition of the composite stress.
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This approach exploits the fact that, in the saturated state of cracking, the contribution of the matrix
segments between the cracks to the composite stiffness is negligible, i.e., Ec ≈ Ecf. Thus, the effective
fabric stiffness Ef can be directly determined from the final branch stress–strain curve as documented in
Figure 11a for the test with 800 tex fabrics. Then, the effective stiffness of fabrics Etest

f in the composite
is evaluated as

Etest
f = Etest

cf /ρtest.

In case of 800 tex fabrics, the effective stiffness E800
cf = 250 GPa approaches a level measured in

a yarn tensile test. On the other hand, in the case of the 3300 tex fabrics, the value E800
cf = 188 GPa

reveals that a large fraction of filaments within the cross section was not activated within the tensile
test—see Table 1.

Figure 11. Stress–strain curves of the matrix (black solid lines), reinforcement (dashed lines) and
composite (grey solid lines) for cross sections with (a) 800 tex and (b) 3300 tex reinforcements.

The effect of slack observed for the tests with 3300 tex fabrics has been treated by assuming a
bilinear approximation of the fabric stress σcf(εc) within the composite as shown in Figure 11b.

Using the obtained approximations of the effective fabric stress σtest
cf , the corresponding fraction

of matrix stress during the whole loading history is obtained as the difference between the composite
and fabric stresses:

σtest
cm (εc) = σtest

c (εc)− σtest
cf (εc). (4)

The matrix stresses shown in Figure 11 grow up to the peak stress at the level of the first crack
and start to diminish. The shape of the curves is similar to the stress–strain curve obtained for plain
concrete in a three-point bending test. However, its mechanical interpretation is different. It does not
reflect the strain-softening in the fracture process zone of a localizing macroscopic crack. It rather
represents a smeared process of multiple cracking along a zone of a tensile specimen. In the former
case, a stable crack growth with damage localization to a macroscopic crack is considered, while, in
the latter case, multiple cracks emerge suddenly across a whole cross section in an unstable way.

4.2. Mixture Rule for Hybrid Fabric Reinforcement

In the girder member described in Section 2, four regions were reinforced with both types of
fabrics i.e., 3300 + 800 tex. However, no tensile test that could be used for calibration of such a cross
section has been conducted. Thus, to derive the stress–strain curve of such a cross section, a mixture
rule must be used to extract the theoretical tensile behavior from the separately tested 3300 tex and
800 text cross sections.

Consider a hybrid cross section combining several types of fabrics j = 1 . . . m with a cross-sectional
area per unit length a(j)

f . For each of these fabrics, a composite tensile test has been conducted
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delivering the stress–strain curves σ
(j)
c . To combine the behavior of the fabrics in a hybrid cross

section, the composite stress of each test j must first be decomposed using the procedure described in
Section 4.1 into the fractions associated with fabrics and matrix (σ(j)

f , σ
(j)
m ). Then, the fabrics stresses σ

(j)
f

can be mixed into a single hybrid reinforcement layer using the area fractions of each reinforcement
type in the total reinforcement area āf = ∑m

j a(j)
f with the weight factors

η(j) =
a(j)

f
āf

. (5)

The effective fabric stress within the hybrid fabric cross section is then given as

σ̄f =
m

∑
i

η(j) σ
(j)
f . (6)

The matrix stress is obtained by averaging the contributions determined in the individual tests

σ̄m =
1
m

m

∑
i

σ
(j)
m . (7)

Then, the composite stress in a cross section of thickness d̄ reinforced with a hybrid fabric reads

σ̄c =
(
1 − ρ̄

)
σ̄m + ρ̄ σ̄f (8)

with the reinforcement ratio
ρ̄ = āf/d̄.

In reality, the usage of hybrid fabrics can introduce additional damage effects that are not reflected
by this simple scaling of one-dimensional springs. In particular, a finer grid structure of overlapping
fabrics reduces the contact area between the lower and upper concrete layers and can thus lead
to surface delamination in the fabric plane at a low level of loading. However, in the case of the
reinforcement ratio applied in the studied girder, the validity of the scaling can be assumed.

To relate the mixture rule to the studied girder, let us rewrite Equations (5)–(8) considering the case
of hybrid reinforcement layer consisting of 3300 + 800 tex fabrics. Using cross-sectional characteristics
of the test specimens summarized in boldface font in Table 1, the weighting factors of the fabric mixture
rule read

η800 =
a800

f
āf

, η3300 =
a3300

f
āf

, āf = a800
f + a3300

f . (9)

The fractions of fabric stress and of the matrix stress within a unit cross section are expressed as

σ3300+800
f = η800 σ800

f + η3300 σ3300
f , (10)

σ3300+800
m =

1
2
(σ3300

m + σ800
m ) (11)

and the corresponding stress–strain curve of the composite cross section reads

σ̄3300+800
c =

(
1 − ρ3300+800

)
σ3300+800

m (12)

+ ρ3300+800 σ3300+800
f .

The result of this mixture rule is plotted in Figure 12 both as the composite stress fraction ascribed
to the fabrics σcf (a) and the composite stress σc including also the matrix stress fraction σcm (b).
To provide a comparison of effective stiffness measured in the tests with 3300 tex and 800 tex fabrics,
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the effective stiffness of the hybrid carbon textile fabric reinforcement in the final branch of the
stress–strain curve is quantified in Table 1.

Figure 12. Reinforcement and composite stress–strain curves for cross sections with (a) single 800 tex
and (b) 3300 tex reinforcements and the combined cross section.

4.3. Scaling of Composite Response for a Layer of a Shell Element

To identify the amount of stress corresponding to a layer of a finite element shell with a given
layer thickness and its reinforcement ratio, the scaling formula can be used:

σ
(i)
c =

1 − ρ(i)

1 − ρtest σtest
cm +

ρ(i)

ρtest σtest
cf . (13)

This formula uses the decomposed stresses σtest
cm and σtest

cf evaluated from the composite
stress–strain curve valid for the reinforcement ratio ρtest. The source stress–strain curve can be
either the original curve measured in the test or it can be a result of the mixture rule described in
Section 4.2. The decomposition into the matrix and fabric stresses is performed using the procedure
described in Section 4.1.

To verify this scaling formula, let us consider the limiting cases of a composite layer with the
reinforcement ratios 1 and 0 and substitute it into Equation (13) to obtain the stress in a layer that
represents either the reinforcement or matrix materials, respectively as

ρ(1) = 1 =⇒ σ
(1)
c =

σtest
cf

ρtest = σf, (14)

ρ(2) = 0 =⇒ σ
(2)
c =

σtest
cm

1 − ρtest = σm.

Thus, a layer corresponding to either plain matrix or plain fabric material is correctly recovered.
By composing two layers such as these into a single cross section with the reinforcement ratio ρtest, the
original composite stress obtained in the test can be recovered using Equation (2).

4.4. Calibration for Resolved Cross-Sectional Idealization

The last step needed for the characterization of an arbitrary composition of layered cross section
consistently reproducing the tensile strain-hardening response is the calibration of the material model
describing the effective strain-softening behavior of the concrete matrix layers. This nonlinear relation
σcm(εc) is shown for the tested specimens in Figure 11. To reflect this behavior in the applied microplane
damage model, the calibration of integrity functions φ representing the inelastic material parameters
has been performed for the tested cross sections. The results are displayed in Figure 13.
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As previously specified in (7), the contribution of the matrix stress σ̄m in a mixed cross section
is introduced as an average of contributions σ

(j)
m determined from the tensile tests characterizing the

matrix behavior in combination with the applied types of fabric reinforcement j. With regard to this
fact, the contribution of the matrix stress to the cross section is nearly proportional to the area of matrix
within the cross section. Thus, when composing a layup in a shell finite element with varying thickness,
it is possible to simply add an effective matrix layer of a corresponding thickness and material behavior
σ̄m(εc) without the need to recalibrate the material parameters of the layers in the cross section.

(a) (b)

Figure 13. Damage functions describing the matrix cracking calibrated using the matrix stress–strain
curve in Figure 11 extracted from the composite tensile tests with (a) 800 tex and (b) 3300 tex.

4.5. Verification of the Resolved Approach for Bending

As mentioned in Section 3.3, a correct prediction of the bending response is one of the requirements
that leads to the usage of resolved, layered representation of the shell cross section. To test the ability
of the resolved model to correctly represent the development of an effective lever arm within a cross
section, a parametric study of a three-point bending test with the span of 500 mm and width of 100 mm
was performed with three different positions of the fabric within the cross sections. A discrete load
was applied at the mid-span of the beam. The cross section with the height of 10 mm was reinforced
with one layer of carbon fabric with 3300 tex. The behavior of the fabrics was assumed isotropic within
the reinforcement layer with the stress–strain curve σ3300+800

f (εc) and a layer thickness adjusted such
that it matches the area of the fabric a3300+800

f within the cross section. The studied configurations (i),
(ii) and (iii) are shown in Figure 14 together with the corresponding load–deflection curves obtained
from the simulation. The deflection was recorded using the midspan section of the girder.

Figure 14. Load displacement curves of the simulation of carbon concrete beam with variation of the
reinforcement position in the cross section subjected to bending action.
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As apparent from the figure, the effect of the placement of the fabric is reproduced plausibly.
The placement of the fabric at the bottom of the cross section in the tensile zone leads to a large
lever arm and, thus, to an activation of a higher amount of compressive stresses within the cross
section. As a result, this study shows the structural response with high stiffness and ductility (iii).
The qualitative effect of reduced lever arm for configurations (i) and (ii) is reproduced correctly.
For illustration, the development of the stress over the cross-sectional thickness for three selected levels
of load is shown in Figure 15.

Figure 15. Development of strain and strain profiles of the carbon concrete beam with cross section (ii)
according to Figure 14.

Let us note that, in case of a smeared cross-sectional model, the effect of fabric placement within
the cross section cannot be captured. Considering the case of the studied girder with the fabric placed
in the middle of the cross section, the smeared approach necessarily leads to an overestimation of
the lever arm as can be recognized by comparing the stress profiles in a smeared and resolved cross
section models depicted in Figure 10.

5. Finite Element Simulation of the Carbon Concrete Girder

Finite element model of the tested girder described in Section 1 has been decomposed into twelve
zones to account for the different cross-sectional layups as shown in Figure 16. Sections 4–12 correspond
to the reinforced sections displayed previously in the technical drawing in Figure 4. In addition to the
reinforced sections, the finite element model also includes the non-reinforced boundary sections 1–3
positioned behind the supports.

Figure 16. Cross sections of the girder with the corresponding layouts described in Tables 2 and 3.
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The finite element discretization with the twelve sections is displayed in Figure 17. The finite
element type was a bilinear quadrilateral layered shell element with three translational and two
rotational degrees of freedom at each node. In the applied ABAQUS code, this element is referred to as
a conventional shell element [31]. This type of element provides the possibility to define several layers
within the cross section that can be associated with different material models and material parameters.
This feature has been utilized to combine the microplane damage model for the concrete layers and
the explicitly defined bilinear stress–strain curves for the fabric layers in a single cross section.

The symmetry of the shell was exploited to reduce the size of the simulated structure to a half of
the girder. The load was introduced using displacement-control using stiff plates at positions indicated
in Figure 17. To introduce the load from the plates to the shell consistently with the test setup, a
frictionless contact was defined between the plates and the girder surface. The deflection of the girder
was measured at the mid-span on the bottom side of the girder.

The described finite element model was used to study the effect of the cross section representation
using four versions of cross section representation (i–iv) displayed in Figure 18. The simulated
load–deflection curves corresponding to the four versions of the model are plotted in Figure 19
together with the test result. The obtained response curves are discussed in detail in the following
sections.

Figure 17. Finite element model of the lightweight girder: (a) finite element mesh and (b) dimensions
of the girder cross section.

Figure 18. Studied types of cross-sectional representations (i–iv).

248



Appl. Sci. 2019, 9, 2348

Figure 19. Simulated load–deflections curves in comparison with the test results.

5.1. Constant Thickness and Smeared Cross Section

To provide a reference example of the shell simulation with a simple non-scaled version of
the cross-sectional parameters, a girder model with a constant thickness of 10 mm was used first.
This cross-sectional model shown in Figure 18 (i) corresponded to the original cross section of the
tensile test specimens used to identify the integrity functions.

Three calibrated integrity functions were used in this simulation to reflect the varying cross section
within the shell. The zones 5, 7, 9, 11 reinforced with 3300 tex were associated with the strain-hardening
behavior σ3300

c (εc) given in Figure 9d. The zones 4, 6, 8, 12 reinforced with hybrid fabric 3300 + 800 tex
were associated with integrity functions calibrated using the stress–strain curve σ3300+800

c (εc) given
in Figure 12b. The non-reinforced zones 1, 2, 3 were associated with a plain concrete strain-softening
behavior σ̄m(εc).

The obtained load–deflection curve (i) shown in Figure 19 has a lower final stiffness than the
measured response of the girder test. The reason for the lower stiffness is the fact that the tested girder
had additional layers of plain concrete (FCC) in zones 4–12 that were not included in this version of the
model.

5.2. Varying Thickness and Smeared Cross Section

To evaluate the effect of additional concrete layers denoted as FCC in Figure 4, additional layers
with strain-softening behavior σ̄m(εc) have been added to the 10 mm thick shell model as indicated in
Figure 18 (ii). The thickness parameters of the sections 1–12 are summarized in Table 2. The meaning
of the parameters representing the added thickness in combination with the material model used for
each layer is visualized in the cross-sectional layup depicted in Figure 20.
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Figure 20. Cross-section with an effective strain-hardening layers either σ3300
c or σ3300+800

c representing
the tested cross section and strain-softening layers σm for add-on plain concrete layers.

Table 2. Cross section layups corresponding to the curve (ii) in Figure 16.

Cross Section
hc,b

[mm]
hm,f

[mm]
hc,t

[mm]
h

[mm]

1 - - - 15.4
2 - - - 20.0
3 - - - 12.9
4 2.7 10 2.7 15.4
5 2.7 10 2.7 15.4
6 5.0 10 5.0 20.0
7 1.45 10 1.45 12.9
8 1.45 10 1.45 12.9
9 2.7 10 15.1 27.8

10 2.7 10 15.1 27.8
11 1.45 10 6.45 17.9
12 1.45 10 6.45 17.9

The load–deflection curve obtained using the model version (ii) is shown Figure 19. Compared to
version (i), the additional concrete layers increase the structural stiffness. However, now the stiffness
is even higher than the real stiffness of the tested girder.

Let us remark that, if there were no bending stresses in the girder, the smeared cross-sectional
representation correctly reflecting the distribution of thickness and reinforcement ration in the shell
surface should able to correctly predict the structural response of the girder. Thus, we can postulate
that the amount of cross-sectional bending stresses in the shell was non-negligible and that the stiffness
overestimation only reveals the deficit of the smeared model mentioned at the end of Section 4.5,
i.e., that it is not able to reflect the effect of placement of the fabric within the cross section. In the
studied girder, the fabrics were placed nearly in the middle of the cross section. Then, the smeared
strain-hardening model leads to an overestimation of the lever arm. The situation is shown in
Figure 10a, ascribing the same strain-hardening behavior to all integration points within the cross
section. In such a case, the material points in the bottom region of the cross section cannot reflect the
effect of cracks emerging in the tensile zone that would lead to a reduction of the lever arm.

5.3. Constant Thickness and Resolved Cross Section

To show the isolated effect of the lever arm on the load–deflection response, the girder was
simulated with a constant thickness of 10 mm as done in version (i). The layered cross section with the
fabrics placed in the middle is shown in Figure 18 (iii). As expected, the resulting load deflection curve
(iii) of a thin girder with a constant thickness shown in Figure 19 exhibits a significantly lower stiffness
in the post-cracking regime than the model (i) with the smeared cross section with the same thickness.

5.4. Varying Thickness and Resolved Cross Section

Finally, the resolved cross section model was combined with the additional layers of the
plain-concrete σ̄m(εc) similarly to the model version (ii). The parameters of the cross-sectional layup
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corresponding to the 12 sections are specified in Table 3. The association of the layer thicknesses to the
individual layers is depicted in Figure 21.

The calculated load–deflection curve (iv) reflects the stiffening effect of the additional plain
concrete layers with respect to the curve (iii). At the same time, it shows the effect of an improved
representation of the lever arm in the cross section compared to the model (ii) as documented by more
realistic prediction of the real girder behavior as the level of force at the post-cracking stage and the
final stiffness are predicted reasonably well.

Figure 21. Cross section with a resolved layer of fabrics and with strain-softening layers σ3300
f or

σ3300+800
f and strain-softening layers σm for add-on plain concrete layers.

Table 3. Cross section layups corresponding to the curve (iv) in Figure 21.

Cross
Section

hc,b

[mm]
hm

[mm]
hf

[mm]
hc,t

[mm]
h

[mm]

1 - - - - 15.4
2 - - - - 20.0
3 - - - - 12.9
4 2.7 4.8835 0.233 2.7 15.4
5 2.7 4.9135 0.173 2.7 15.4
6 5.0 4.8835 0.233 5.0 20.0
7 1.45 4.9135 0.173 1.45 12.9
8 1.45 4.8835 0.233 1.45 12.9
9 2.7 4.9135 0.173 15.1 27.8
10 2.7 4.8835 0.233 15.1 27.8
11 1.45 4.9135 0.173 6.45 17.9
12 1.45 4.8835 0.233 6.45 17.9

Apparently, the force level in the stage of the multiple cracking is slightly overestimated.
The possible reason is that the applied scaling rule does not account for the effect of the reinforcement
ratio on the crack localization process in the matrix. An application of meso-scale models [17,18,32,33]
with discrete crack representation that would additionally capture the interaction between damage
localization in concrete and the stress transfer due to the finely distributed fiber and fabric
reinforcement might help to analyze this effect in more detail. In addition, the interaction with
the additional concrete layers made of a different material (FCC) has not been included in the model
due to the lack of experimental data. A refinement of the scaling rules based on the meso-scale
models and additional tests could significantly improve the prediction of the structural behavior in the
service state.

Still, even in the present, pragmatic form, the applied modeling approach provides the possibility
of deeper interpretation of the test results in terms of the visualized damage propagation through
the thin shell. In Figure 22, the deformed shapes of the girder are plotted with the distribution of the
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maximum damage values in each material point. The plot visualizes the damage variable ω defined
within the microplane damage model as

ω = 1 − φmin, (15)

with φmin denoting the lowest microplane integrity level at a material point. The propagation of the
damage through the shell is depicted in Figure 22 separately for the top and the bottom surfaces at
three levels of loading corresponding to deflections uy = 20 mm, uy = 40 mm and uy = 60 mm.

By comparing the bottom and top views on the shell at the three selected levels of load,
the simulation results exhibit a difference between the damage values at the top and the bottom
surface of the shell. Such a difference within a cross section is due to a significant amount of bending
stresses within the cross section along the top middle section of the vault. This observation confirms
the importance of the correct reflection of the changing lever arm during the multiple cracking phase
of the test.

Figure 22. Damage propagation in the surface of the girder for top and bottom surfaces.

Furthermore, the damage distribution plots reveal the local effect of load transfer through the
wooden plates. Even though the load was introduced via a frictionless contact model combined with
the free displacement of the shell in the in-plane direction, local bending could be observed with
the applied relatively coarse size of finite element. However, no significant influence on the overall
structural behavior could be observed.

6. Conclusions

The strain-hardening behavior of textile-reinforced concrete has been modeled at the level of a
cross section using both smeared and resolved representation. By decomposing the composite stress
measured in the tensile test into the fractions associated with the fabric layer and with the matrix,
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it was possible to define the mixture and scaling rules that allowed us to derive cross-sectional material
parameters corresponding to changed layup and thickness.

The derived characteristics were applied in the simulation of the structural response of a girder
element and compared with the experimentally obtained results. The systematically performed
parametric studies confirmed the fact that the smeared representation of cross section is not
directly applicable to shells with a nonuniform layup and variable thickness. Still, the smeared
cross-sectional representation can be effectively used for layups with laminated fabrics with thin layers
of cementitious matrix. This approach was used for non-penetrated fabrics uniformly distributed over
the cross-sectional thickness in the applications presented e.g., in [34].

The resolved cross section model has shown a good agreement with the experimentally observed
behavior. As such, it has the potential to provide valuable insight into the stress redistribution process
during loading and can be used for further improvements to the geometrical design of the shell to
achieve high structural quasi-ductility. Besides the validation of the resolved model using the girder
test, the study was used to describe a general mixture and scaling procedure that can be applied to
derive the wider range of cross-sectional characteristics from elementary tensile tests with a single
layer fabric reinforcement.

The described simulation was primarily focused on the damage process inducing stress
redistribution both along the thickness direction and in the in-plane direction of the shell surface.
The ultimate failure was predicted reasonably well based on the strength measured in the tensile
test specimens. Such a good prediction is due to the fact that critical cross section of the shell was
primarily loaded in tension and the amount of bending at this particular location was negligible.
As discussed in [13], the effective strength of the fabrics in cross sections exposed to bending can be
significantly higher so that a refined ultimate-state criterion is needed that explicitly distinguishes the
tensile strength of a cross section loaded in bending [35].
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Featured Application: Conventional cathodic corrosion protection (CP) systems usually use

MMO-coated titanium as anode material. Carbon textiles as anode material provide sufficient current

densities for CP as well as strength for structural reinforcement. Therefore, durability is an important

issue for both the structure and the CP view. This work should show the border potentials where the

impregnation and sizing of carbon textiles are destroyed under anodic polarization.

Abstract: Carbon textiles as anode material for cathodic corrosion protection (CP) have been used
in several reinforced steel structures. However, experience with durability is limited. To date,
various influencing factors have been discovered and systematic tests on different carbon textiles
with different impregnation materials in various environmental media have been carried out and
considered the degradation of the impregnation materials. In this work the boundary potentials are
determined at which the impregnation and sizing is destroyed under anodic polarization and the
damage mechanisms are described.

Keywords: textile reinforced concrete; cathodic corrosion protection; durability

1. Introduction

Carbon textiles consist of thousands of bundled carbon fibres. Before carbon fibres are combined
into bundles, their surface needs to be electrochemically activated (by anodic oxidation in an
electrolytic solution). Each fibre is then coated by a mixture of various chemicals (sizing) to protect
it from mechanical damage during production handling and improve its wetting performance [1–3].
Furthermore sizing leads to an increased chemical reactive site as well as enhanced adhesion between
carbon and impregnation material [4,5]. After single carbon fibres are bundled together, the so-called
carbon roving is again impregnated to improve adhesion and handling for further application.
Usually, epoxy resin or styrene-butadiene rubber (SBR) based polymers are used for impregnation.

The thesis of Wetjen [6] gives an overview of the production and processing of carbon. The following
statements are based on this source, unless otherwise indicated. The carbon rovings usually consist of
thousands of individual combined carbon fibres, which are also called filaments and have an average
thickness of 5–7 microns. Carbon fibres consist of 92% by weight of carbon. They can be produced
chemically from different polymers, the most common being the production from polyacrylonitrile
(PAN), since the highest strengths with high carbon yield can be achieved at comparatively low price.
Graphite consists of hexagonal layers in which each carbon atom is connected to three other carbon atoms
with a strong covalent bond. The individual layers are connected only by relatively weak London forces,
whereby the distance of the layers in relation to the distance of the carbon atoms in the hexagons is large
and the direction-dependent conductivity of graphite can be explained [6].
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Compared to graphite, carbon fibres have a turbostratic structure that results from random
spinning, folding, splitting, canting, branching and concatenation of the lattice structure in the
manufacturing process. This inhomogeneity explains both the increased strength between the basal
planes and the increased reactivity of the carbon fibre surface in comparison. In addition, the structural
inhomogeneity increases the spacing between the lattice planes.

After production of the carbon fibre, surface activation of the carbon fibre follows, typically by
electrochemical anodic oxidation in an electrolyte. The amount and type of functional groups formed
on the surface depends inter alia on the duration of polarization, the electrolyte and the electrical
potential. The surface activation is done to obtain a good wettability of the carbon fibre over a later
applied sizing or other impregnating materials by a higher proportion of polar functional groups [6].

Poltavtseva et al. [7] have described the formation of surface oxides in carbons by summarizing
relevant literature. The formation of surface oxides is complex because it is not possible to separate the
different reactions from each other. It depends on the pH, electrode potential, pressure, temperature and
humidity as well as the physical and chemical properties of the carbon compounds. Thus, a different
dissolution process results for different carbon-based materials, since materials such as carbon black,
graphite and carbon fibres differ in the size and orientation of the graphitic crystalline layers.

Pure graphite consists of hexagonal layers as described above. While graphite has many surface
defects, carbon fibres without activation have a high degree of longitudinal orientation with fewer
defects. Without these lattice defects, the graphitic crystalline layers behave inertly. The existing
lattice defects, pores and edges provide for free valences, which are already functionalized under
normal conditions to form surface oxides. Anodic polarization causes the dissolution of water and
the generation of further oxygen-containing functional groups on the surface. First, hydroxyl ions are
discharged to hydroxyl radicals by the electrolysis of water according to Equations (1) and (2).

C(s) + H2O � C(s)OHads + H+ + e− (1)

C(s) + OH− � C(s)OHads + e− (2)

These radicals immediately react to form hydroxyl, carboxyl, carbonyl or lactone moieties,
which are accompanied by an increase in the oxygen content at the carbon surface. The possible
functional groups on the graphite surface are shown in Figure 1. Rueffer et al. [8], however, doubt the
formation of hydroxyl radicals on the basis of their investigations as an intermediate step and assume
a direct incorporation of oxygen into the functionalized groups. The functional groups have different
oxidation states and can be further oxidized up to the elimination of carbonates and carbon dioxide [6].
According to Chung [9], these surface oxides have a lower conductivity than non-activated graphitic
carbon fibres.

Figure 1. Formation of surface oxides in graphite [7].
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After activation of the carbon fibre and cleaning of detached carbon fibre fragments, the carbon
fibre is always coated in industrial applications [6]. For this, the carbon fibre is passed through a sizing
bath filled with a polymer solution or dispersion. However, there are other methods of coating such
as electrolytic deposition, electrolytic polymerization and plasma polymerization. As size typically
polymer systems are used which have good chemical-physical compatibility for the further use of
the carbon fibre. When using epoxy resins, epoxies are used, for example. Other polymer systems
include polyhydroxyether, polyphenylene oxides, polysulfones, silanes and cyanamides. The sizing
ensures good processability in subsequent processes, good wetting behaviour of the carbon fibre for
the impregnation matrix and a strong chemical-physical interaction between these two components for
good adhesion. Possible adhesion mechanisms are: mechanical interlocking, secondary bonds, such as
London forces and chemical bonds, such as covalent bonds.

In the final processing step, the carbon fibres are combined into rovings and impregnated with
materials such as epoxy resin matrix or styrene butadiene rubber matrix (SBR). For a good fibre-matrix
interaction, a good mixing of the components carbon fibre, sizing and matrix is essential. During the
application of the matrix, with “no release” of the layer, “partial release” or “complete release” of the size,
there may be three different interphase formations. In the case of complete release, the sizing thoroughly
mixes with the matrix, providing the best mechanical properties. The worst mechanical properties are
achieved when there is no intermixing between the size and the matrix, that is no detachment.

Earlier research [10–12] has shown that carbon textile is a suitable anode-material for corrosion
protection (CP). Various experiments were conducted in order to investigate the behaviour of carbon
textiles under anodic polarization. Carbon textiles were tested both in saturated calcium hydroxide
solution and in mortar test specimens. It has been found, that the structure of carbon textiles itself is
not affected by anodic polarization. However, sizing and impregnation materials suffer considerable
destruction in some cases.

Asgharzadeh et al. [12] investigated the durability of impregnated carbon textile under permanent
anodic polarization while stored in saturated calcium hydroxide solution. Carbon textile was
potentiodynamically polarized in saturated calcium hydroxide solution. Starting with the open circuit
potential, the applied potential was increased at a constant rate of 2 mV per minute until an overall
potential shift of 2200 mV in anodic direction was achieved. Based on the obtained current-density versus
(compensated) potential curves, three potentials were selected, which indicate changes in the carbon textiles’
electrochemical properties. Potentiostatic tests were performed with the identified potentials. After the
polarization tests were completed, the test solution was collected. In order to draw conclusions about a
possible decomposition of the carbon textile, the carbon content of the solution was analysed. It was found,
that the solutions in which polarization of the carbon textile occurred had higher carbon contents than
solutions in which unpolarized carbon textiles were stored as reference solution. Furthermore, the carbon
content increases with increasing potential of potentiostatic polarization. However, the additional carbon
could originate from several sources, such as the carbon textile itself, the impregnation material or the
surrounding air. In order to further identify the carbon source, the experiments were repeated with
unimpregnated carbon textile. In this case, the carbon content of the solution corresponded to the carbon
content of the reference solution. It is therefore assumed, that the additional carbon, which was found in
the solution in which polarization tests of impregnated carbon textiles were conducted, originates either
from the impregnation material or the surrounding air.

Although SEM images showed a destruction of the impregnating material after polarization,
the information at which potentials they are destroyed is missing, which are to be investigated in this
paper. Furthermore, based on these results, the influence of polarization on various impregnation
materials for carbon textiles is investigated in more detail by additional tests.

2. Materials

As an anode material, the styrene-butadiene rubber (SBR) impregnated textile S4 was selected
because this material achieved the highest current densities and thus best polarization behaviour
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in former experiments [12]. For reasons of comparability, the epoxy impregnated textile E4 was
taken which has the same mesh size as S4. In addition, carbon rovings without impregnation but
with sizing (UC, see Table 1) were used to determine the destruction of the sizing under anodic
polarization. For comparison purposes, carbon rovings without impregnation and without sizing
(UC_WS, see Table 1) were also used. This confirmed the actual destruction of the sizing.

Table 1. Details of carbon textiles used in the investigations.

Specimen Specification Sizing Impregnation Material
Mesh Size [mm/mm]

0◦/90◦

impregnated carbon textile E4 yes Epoxy 38/38
S4 yes SBR 38/38

unimpregnated carbon textile UC yes - -
UC_WS no - -

3. Investigations

3.1. Specimen Preparation

The carbon rovings and the counter electrode made of MMO-coated titanium mesh were attached
to PVC spacers with cable ties. A reference electrode MnO2 was attached to the spacer between the
working electrode and the counter electrode and care was taken to ensure that there is no short-circuit
between the reference electrode and any protruding carbon fibres.

The specimens were placed in a container with saturated calcium hydroxide solution.

3.2. Potentiodynamic Polarization

Potentiodynamic tests are used to obtain current density potential curves that allow conclusions
to be made about the material behaviour.

The potential was increased from OCP to 2200 mV. The duration of the potentiodynamic test was
approximately 18 h.

3.3. Potentiostatic Polarization

In order to perform the potentiostatic measurements, the potentiodynamic measurements had
to be evaluated and the potential points for the tests had to be selected. The different panel areas
and especially the change of the slope of the curves in Section 4.1 could be attributed to different
electrochemical processes. In order to verify this, it was decided to carry out tests in these three areas,
which are hereinafter referred to as potentiostatic tests.

The potentials of the potentiostatic tests are listed in Table 2. They are referred to below as levels
1, 2 and 3.

Table 2. Potentiostatic potentials on level 1, 2 and 3.

Material Level 1
Level 2

[mV] vs. NHE
Level 3

E4 940 1490 1940
S4 490 1490 1840
UC 690 1300 1940

UC_WS 690 1300 1940

For the potentiostatic tests, specimens with the carbon fabrics E4, S4, UC and UC_WS were
chosen as working electrode. Counter and reference electrode were produced as already described.
The specimen setup for E4 and S4 can be seen in Figure 2. In these tests, the anodes of E4 and
S4 consisted of two superimposed parts, each with one connection. The larger element had dimensions
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of 12 × 12 cm and the smaller element 10 × 10 cm. The test specimens with unimpregnated
carbon fibres corresponded exactly to the test specimens in the presented potentiodynamic tests.
Saturated calcium hydroxide solution was used as electrolyte and the test specimens were stored in the
solution again 24 h before the start of the test. Before and after the test, the pH value and the resting
potential (OCP) were measured.

  
(a) (b) 

Figure 2. Specimen with S4 anode, spacers and titanium electrode (a) and an E4 anode (b).

It should be figured out whether and how the carbon surfaces change on the different levels.
In addition, the time factor for destruction can be evaluated, since the holding times are higher than
those of the pure potentiodynamic tests. The potentiostatic polarization was maintained for over 72 h.
The polarization was started at the potential of the reference electrode, since a shift of the OCP by the
polarization was to be expected.

4. Results and Discussion

4.1. Potentiodynamic Tests

The results of the potentiodynamic tests on carbon textiles are shown in Figure 3 as a
current-potential curve in logarithmic scaling. The potential labels P1 to P3 indicate the potentials for
the potentiostatic tests, see Section 3.3.

Figure 3. Current-potential curve for all materials.
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Note, that current and not current density is plotted in Figure 3. This is due to the fact that
the exact calculation of the anode surface of rovings without impregnation is complicated: the exact
number of fibres in contact with the solution is undefined.

From Figure 3 it is seen that the polarizability of carbon impregnated with SBR-based material
until 1000 mV versus NHE is better and thus delivers the highest current, while E4 achieves the
lowest current. From 1100 mV versus NHE UC delivers more current than carbon impregnated with
SBR-based material. The curve of the test with UC_WS is similar to UC with the difference that UC_WS
can deliver more current up to 900 mV versus NHE and after that potential less current than UC.

The OCP of the non-impregnated carbon fibres amounts to about 100 mV versus NHE and is
between the OCPs of E4 (60 mV versus NHE) and S4 (180 mV versus NHE). Panel area 1 is between
200 and 900 mV versus NHE for the non-impregnated carbon fibres. The transition section is small,
the panel area 2 is between 950 and about 1100 mV versus NHE. For S4, panel area 1 is between about
300 and 1150 mV and panel area 2 between 1225 and 1300 mV. The transition section of E4 is not
clearly defined, it could be between 950 and 1150 mV. The transition sections of all experiments are
characterized by a brief reduction in the slope of current density followed by a renewed and steeper
increase in current density.

The images of carbon samples UC before and after polarization are exemplarily displayed in Figure 4.
Strong deposits can be seen on the polarized sample, which will be discussed later in this paper.

  
(a) (b) 

Figure 4. Unimpregnated carbon fibres before the test (a) and after (b).

A discoloration of the calcium hydroxide solution could not be observed for the potentiodynamic
experiments on all experiments.

The SEM investigations of S4 and E4 before and after polarization in Asgharzadeh et al. [12]
showed a destruction of the impregnation material. There was not investigated, whether the sizing
under the impregnation was affected or not. To this end, the UC sample is examined in the present
study. Figure 5a shows the unpolarized carbon fibre. On the right the polarized carbon fibre is shown
(Figure 5b). The carbon fibres are round and have slight longitudinal grooves. This shows cracks in
the sizing both in the longitudinal and in the radial direction at regular distances. The carbon fibre
underneath seems to be intact. Such a clear destruction of the sizing was observed at several carbon
fibres. It is concluded that the sizing deteriorates and the carbon fibre remains intact.
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(a) (b) 

Figure 5. SEM images of unpolarized carbon fibres (a) and a polarized carbon fibre (b).

An energy dispersive X-ray spectroscopy (EDX) of the polarized sample probing the deposition
shows the presence of calcium, carbon and oxygen (Figure 6).

Figure 6. EDX analysis of the deposited film.

4.2. Potentiostatic Tests

4.2.1. Epoxy Impregnated Carbon (E4)

No optical changes could be detected on the carbon textile E4 after the potentiostatic polarization
at level 1. The epoxy resin impregnation remained even, smooth and shiny. The specimen of level
2 shows isolated areas on which the surface is mat and rough and the structure of the carbon textile is
recognizable as well as white deposits indicating the chemical bonds between carbon, calcium and
oxygen. These deposits become more significant with increasing polarization, which can be seen at
Figure 7 right at level 3 of potentiostatic polarization.

Figure 8 shows the SEM images of the carbon fibre E4 without polarization and after the polarization.
No pores can be seen on the entire reference specimen (Figure 8a) in contrast to previous findings [12].
There were only a few of them, as well as defects. Apart from impurities and a mechanical crack, the surface
is smooth due to the sample preparation. In some places the carbon fibres shine through the impregnation.
The epoxy resin layer does not appear to be uniformly thick. Epoxy resin was used in various test series to
interrupt conductivity [10,13–16]. Van Nguyen et al. [17] have found that the embedding of carbon anodes
with epoxy resin was not successful due to insufficient conductivity.
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Figure 7. From left to right: Anodes E4 of levels 1 to 3 after polarization.

  
(a) (b) 

 
(c) (d) 

Figure 8. SEM images of E4: unpolarized reference (a), after polarization at level 1 (b), level 2 (c) and
level 3 (d).
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Due to the pores, defects and the different thickness of the impregnation, it can be explained
why the epoxy resin-impregnated carbon fibres are polarizable at all. The potentiostatic test at level
1 did not cause any change in the surface (Figure 8b). The image of the specimen polarized at level 2
(Figure 8c) shows grooves next to two mechanical cracks and is covered approximately in half with
a crystalline deposited film. Calcium, oxygen and carbon could be detected in the coating by EDX
analysis. The grooves run along the carbon fibres over which the epoxy resin impregnation is probably
thinnest and are due to the destruction of the impregnation. Pores have occasionally formed in the
epoxy resin unlike the accumulation of pores in Asgharzadeh et al. [12]. As with the unimpregnated
carbon fibres, for the carbon fibres with epoxy resin impregnation destruction in panel area 2 is used,
whereas no destruction was observed in panel area 1. Thus, the start of the destruction of the epoxy
resin matrix could again be in the transition range between about 1050 and 1150 mV.

The specimen of the polarization at level 3 (Figure 8d) is almost completely covered with the
crystalline deposited film. There are undamaged areas that are not covered with deposited film.
This and individual damages between the film indicate that most damages are obstructed by the film.
Hence, it can be assumed that the damage is more pronounced than at level 2.

4.2.2. Carbon Coated with SBR-based Material (S4)

The SBR-impregnated carbon S4 has a smooth and glossy surface before polarization.
Overall, the surface remains glossy but is no longer smooth but rough. The specimens of levels
2 and 3 are mostly mat and rough, there are only a few glossy surfaces left. In addition, an increased
resolution of the impregnation in the area of the intersection points can be observed (Figure 9).

Figure 9. From left to right: S4 anodes of stages 1 to 3 after polarization.

Figure 10 shows the SEM images of the SBR-impregnated carbon fibre S4, the surface of the
reference (Figure 10a) is mostly smooth apart from impurities. Sometimes the carbon fibres shine
through; there are randomly arranged pores of different sizes. In the reference specimen, there are
also imperfections of different sizes from 20 μm, at which the carbon fibres are exposed. Rubber is
known to be non-conductive. The pores and imperfections in the impregnations as well as the poor
adhesion between SBR impregnation and carbon fibre explain why the SBR-impregnated carbon fabric
also shows polarizability. After the polarization at level 1, destructions are already visible at isolated
points where carbon fibres are exposed (Figure 10b). Around these areas is a white coating that looks
different. According to EDX analysis, this consists mainly of carbon and oxygen and low intensities of
calcium and silicon can also be detected. Overall, significantly more carbon fibres are visible due to the
impregnation, which suggests that the impregnation dissolves over a large area. A destruction of the
SBR impregnation therefore already occurs in panel area 1.
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(a) (b) 

  
(c) (d) 

Figure 10. SEM images of S4: unpolarized reference (a), after polarization at level 1 (b), level 2 (c) and
level 3 (d).

With increasing polarization both, the amount of deposited material and the removed surface
of the impregnation increase. The impregnations already show imperfections and pores before
polarization, so that a liquid electrolyte can enter the roving. Due to the poor adhesion between SBR and
carbon fibre, this is particularly pronounced for the SBR-impregnated material and explains its good
polarizability compared to carbon with epoxy resin impregnation. By destruction the impregnations,
underlying carbon fibres come into contact with the electrolyte and increase the effective surface area
with increasing dissolution. In Figure 10c a filament can be seen, which has become free and transverse
cracks are recognizable, which can be either in impregnation or in carbon fibre. Figure 10d also shows
a filament, which is free of impregnation. On the basis of this picture one can say exactly that with
anodic polarization this filament is attacked here and cracks developed, which do not come from
the production.

Dissolution of the carbon fibres could not be achieved by the potentiostatic tests. Before the
carbon fibres are dissolved, the impregnations and the sizing are first destroyed. This can be
explained by the fact that the carbon fibre consists of mainly covalent carbon compounds in contrast
to the impregnations and the size and the covalent bond has a higher bonding energy. Since no
optical changes have occurred with E4 and S4 despite significant decomposition of the impregnation
materials, destruction of the impregnation materials to carbon dioxide and calcium carbonates can be
assumed. Visible decomposition particles have only formed as a result of the decomposition of the
sizing of the unimpregnated carbon fibres. However, the exact composition of these particles could
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not be determined, since the freeze-dried residual solution consisted mainly of calcium carbonate.
Calcium carbonate is formed by the reaction of calcium hydroxide with carbon dioxide:

Ca(OH)2 + CO2 → CaCO3 + H2O (3)

However, the carbon dioxide can be a product of carbon from the dissolution reactions as well as
from the air.

4.2.3. Unimpregnated Carbon with Sizing (UC)

On most specimens, optical changes could already be detected after polarization. Photos of all
specimens from the potentiostatic tests with unimpregnated carbon fibres are shown in Figure 11.
The unimpregnated carbon fibres were glossy and soft, comparable to a brush before the test was
carried out. After polarization at level 1, the carbon fibre is still soft but less shiny. This could be
explained by the deposits of calcium carbonate. The solution of the tests at levels 1 and 2 showed
no difference. The solution of the experiment at level 3, on the other hand, was discoloured brown
and small black particles floated in the solution. The particles deposited on the ground after a few
days. These sediments were freeze-dried with a small remainder of the solution and identified as
calcium carbonate by Fourier transform infrared spectroscopy. Since the substance, unlike pure calcium
carbonate, was not white but grey, further components must be present. However, these could not be
detected by infrared spectroscopy.

Figure 11. From left to right: specimen P1 of levels 1 to 3 after polarization.

Figure 12 shows the SEM images of UC specimens. The unimpregnated carbon fibres show no
damage after polarization at level 1 (Figure 12b). Slight longitudinal grooves can already be observed
at the reference (Figure 12a) and no consequence of polarization. Differences in contrast, especially in
bright white areas, are caused by charges from the electron ray with insufficient surface conductivity.
After polarization at level 2, the sizing of many fibres is decomposed (Figure 12c). This can be seen
in most fibres through the formation of deep but narrow longitudinal furrows. Cracks in the radial
direction also occur in some fibres, as they have already been detected in the potentiostatic tests.
This means that an anodic polarization on level 2 decomposes the size of unimpregnated carbon fibres.
On level 1 no destruction of the coating was observed. The change in the slope in the current potential
diagram in the phase of the transition range at approximately 900 mV versus NHE is therefore probably
due to the reaction that sets in. The sizing of most carbon fibres polarized at level 3 shows very clear
destruction phenomena in the form of radial cracks (Figure 12d). The decomposition of the sizing of
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the unimpregnated carbon fibres also took place inside the roving. It can therefore be assumed that all
carbon fibres conduct electricity and are in direct contact with the electrolyte. The effective surface
area of the unimpregnated carbon fibres should raise after destruction of the sizing.

(a) (b) 

  
(c) (d) 

Figure 12. SEM images of UC: unpolarized reference (a), after polarization at level 1 (b), level 2 (c) and
level 3 (d).

In Figure 12d it is questionable, whether this destruction is in carbon or in sizing. Because the
damaged layer looks thick and the residual cross section of carbon small, this question had to be
examined more closely. Three further methods were used to investigate it in more detail.

(1) Examination of the average diameter of fibres in a roving
The examination of the diameter of unimpregnated carbon showed that the fibres have a diameter

between 5 and 10 μm. Figure 12d shows that the diameter of carbon, under the deposited film around
the fibre, is 6 μm and therefore in the range of diameters of unpolarized samples. Hence, no destruction
of the carbon fibre is observed. This has been confirmed with several samples.

(2) EDX examination of the deposited film
EDX analysis was performed on an unimpregnated carbon (UC), in a region, where the deposited

film was partly flaked off. So both sides of the film could be analysed.
Figures 13 and 14 show that the inner part of the destroyed layer consists mainly of carbon,

which could be part of the sizing. The outer layer indicates the presence of calcium, carbon and
oxygen. These are the deposits formed due to chemical reaction between calcium of the solution and
carbon from the sizing. These deposits can be found more strongly on the surface of the carbon as the
polarization potential increases.
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Figure 13. SEM image of unimpregnated carbon. 1 and 2 EDX analysis in the marked area.

 
(a) 

 
(b) 

Figure 14. EDX analysis in the marked area 1 (a) and EDX analysis in the marked area 2 (b).
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(3) Investigation of an unimpregnated carbon without sizing (UC_WS)
Thermal gravimetric analysis (TGA)
First, TGA measurements were performed to be sure that the two unimpregnated samples with

and without sizing were different and to identify whether the sample UC really has a sizing. Since the
differences cannot be seen from the SEM, TGA measurements were performed to see if the weight
changes with increasing temperature. From the Figure 15 it can be seen that the sample UC_WS, which
has no sizing, shows no change in mass at elevated temperature. The curve of UC shows that at 300
◦C the weight decreases. This indicates that the sizing begins to dissolve. The comparison of the two
curves shows that the sizing has about 1 wt% of the total weight of the carbon filament. After 450 ◦C,
it stabilizes to 600 ◦C and then the curve drops again. From there the carbon textiles could start to
decompose. It can be assumed that the examined UC samples with sizing really have a sizing and that
the destroyed layer in Figure 12d is the sizing including deposited film.

Figure 15. TGA measurement of both unimpregnated Carbons.

The decrease in the weight of sample UC-WS up to 600 ◦C could be due to the combustion of
impurities and dirt.

4.2.4. Unimpregnated Carbon without Sizing (UC_WS)

For comparison purposes, potentiostatic measurements were also carried out on unimpregnated
carbon without sizing at the same potentiostatic potentials.

The SEM pictures in the Figure 16 confirm the statement that the pictures in Figure 12 show the
destruction of the sizing. The unimpregnated carbon fibres without sizing show no damage after
polarization at level 1 to 3. Slight longitudinal grooves can already be observed on all samples and are
not a consequence of polarization. Differences in contrast, especially bright white areas, are caused
by charges from the electron beam with insufficient surface conductivity. After polarization at level 2
(Figure 16c), the deposition can be seen on the surface, which is slightly increased at level 3 (Figure 16d).
But, the deposition is not as strong as with the samples with sizing. It can therefore be concluded that
the deposit adheres better to sizing material than carbon. No cracks or damage can be seen on any
fibres. This means that anodic polarization does not destroy carbon.

There are no other test results available in the literature, therefore the test results cannot
be compared.
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(a) (b) 

  
(c) (d) 

Figure 16. SEM images of UC_WS: unpolarized reference (a), after polarization at level 1 (b), level 2 (c)
and level 3 (d).

5. Conclusions and Outlooks

Until now, it was unclear up to which potentials the impregnation materials and the sizing remain
undamaged by anodic polarization. The results contribute to the clarification of these questions for the
investigated materials.

The results show that the operation of CP with carbon textiles as anode material leads to
deterioration of the polymer impregnations and sizing. Since impregnation and sizing are available to
increase the strength capacity of carbon textiles, the deterioration of these materials is very interesting.
With epoxy impregnated carbon it is possible to use carbon textiles as CP anode without destroying
the epoxy and sizing up to the mentioned potentials.

With the increasing polarization, the strength of the deposited film on the sizing increases.
The conclusion of this work can be summarized as follows:

1. The investigations in solution have shown that CP with investigated carbon anodes up to 2200 mV
versus NHE is possible

2. The Carbon filaments within the Carbon textiles as CP anode have not been destroyed up to the
investigated potentials up to 2200 mV versus NHE.

3. With SBR impregnated samples, the impregnation is destroyed right from the start
during polarization.

4. The sizing is destroyed at a potential of about 900 mV versus NHE.
5. Epoxy impregnation started to destroy between 1050 and 1150 mV versus NHE.
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Further tests must be carried out to investigate the bond between polymer impregnated carbon
textiles and mortar. It must be observed whether the destruction of the impregnation or sizing has a
negative influence on the bond or durability.
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