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1. Editorial

Civil engineering structures and infrastructures are inherently vulnerable to exceptional loads
related to natural disasters, primarily earthquakes, tsunamis, strong winds, and floods. Consequently,
one of the major challenges in the structural engineering field for the last decades has been to
conceptualize, develop, and implement effective protective systems to mitigate such vulnerability, and
to improve structural robustness and resilience. Base isolation and passive energy dissipation systems
have demonstrated their effectiveness in coping with different kinds of environmental forces, including
earthquakes and winds, as documented in theoretical and numerical studies and shaking table tests, as
well as evidence from how they actually behaved during real catastrophic events. These structural
protective systems traditionally include elastomeric bearings, lead rubber bearings, sliding friction
pendulum, and various kinds of dampers, such as metallic, viscous, viscoelastic, friction dampers,
tuned mass dampers and tuned liquid dampers.

The working mechanism underlying the aforementioned technologies is well known, and basic
methods for their rational design and implementation are well established. Notwithstanding, there is
an ever-growing interest in developing novel analytical and/or numerical tools to design structures
equipped with optimally configured devices. Indeed, the design of such devices benefits from the
current state-of-the-art algorithms and solvers for their optimization, which are constantly evolving.
Other recent advances in this field concerns the development of cutting-edge models to reliably capture
a series of complex nonlinear phenomena characterizing the hysteresis of such devices, calibrated
based on experimental findings. On the other hand, the family of devices and dissipative elements
for structural control keeps broadening due to the increasing performance demands of structures
and due to new progress achieved in material science and mechanical engineering. In this context,
recent advances include new strategies to develop the concept of energy dissipation into innovative
devices, including negative stiffness devices, inerter-based systems, low-cost replaceable systems and
dampers with a phased behavior. Although the development of new technologies generally follows
established practice and underlies basic working principles, existing design methods for conventional
devices are not always straightforwardly applicable to these new devices. Thus, there is an urgent need
for revisiting design methodologies for such emerging technologies. Other significant contributions
concern the development of hybrid protective systems based on energy dissipation devices that are
conventional in their working mechanism, but that are combined together in a non-conventional
arrangement so that their dynamic behavior is more effective than existing technologies.

Following these research motivations, this Special Issue collects 13 papers focused on structural
protective systems applied to structures and infrastructures, including both traditional and innovative

Appl. Sci. 2020, 10, 2819; doi:10.3390/app10082819 www.mdpi.com/journal/applsci1
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devices, using conventional and advanced design methodologies. In the Editors’ opinion, each
article contains undisputable scientific novelties from various perspectives (analytical, numerical,
experimental, conceptual, implementation issues), proposes benchmark or emblematic engineering
projects, and represents a major contribution in the design of structures with passive energy dissipation
systems. The Editors hope that this article collection can somehow contribute, even if modestly, to the
continuous research for more effective mitigation of the risks that natural disasters pose to humankind.

Some papers in the Special Issue concern the development of inerter-based vibration control
strategies, and their deployment in civil engineering structures and infrastructures. The inerter
modifies the inertial properties of the structures while adding negligible physical mass, and it may be a
cost-effective solution for both seismic [2,4] and wind [1,3] vibration control. Some other papers concern
the development of efficient design methods that exploit state-of-the-art algorithms and solvers for the
optimization of the devices [11,13]. One paper concerns the challenging task of designing lead rubber
bearings considering different performance requirements [10]. The performance of some variants and
improvements of the classical concept of tuned mass damper is also analyzed in various applications
and configurations [6,8,12]. Novel dissipation devices are finally developed and analyzed from an
experimental and a numerical point of view [5,7,9]. A brief description of each article is given below.

In paper [1], Wang et al. present free vibration analysis of a taut-cable with two inertial mass
dampers (IMDs) either symmetrically placed along the cable, or installed at the same end of the
cable. The results in terms of the supplemental modal damping ratio provided by the IMDs for the
two installation configurations and for different values of the damping coefficient are obtained by
complex modal analysis, and are critically discussed. The novel contributions of this paper are twofold:
(1) the authors demonstrate that IMDs have a superior control performance over traditional viscous
dampers (VDs); (2) they also notice that a single IMD may be incapable of providing supplemental
modal damping in a super-long cable, especially for the multimode cable vibration mitigation. A wide
parametric study is presented to investigate the effect of damper positions and damper properties on
the control performance of the cable in practical applications.

In paper [2], Xie et al. propose a novel inerter-based vibration control system called cable-bracing
inerter system (CBIS), in which tension-only cables are interposed in between the inerter device and the
main frame for translation-to-rotation conversion. This paper has the merit of contributing to widening
the knowledge on the possible implementation technologies of the inerter, besides the rack-and-pinion
mechanism, ball-screw device, fluid inerter, and inerter with clutch. Although in this paper the analysis
is limited to a single-degree-of-freedom (SDOF) system equipped with the proposed CBIS, the authors
demonstrate that this configuration can effectively be used for rapid seismic retrofit of structures,
benefitting from ease of installation, deformation relaxation at the connecting joints, and an adaptive
layout for nonconsecutive-story deployment. The proposed system reveals a mass amplification effect
and a non-contacting damping mechanism. Through a parametric study, the influence of dimensionless
parameters, such as inertance-mass ratio, stiffness ratio and additional damping ratio on vibration
mitigation are studied in terms of displacement response and force output. A performance-oriented
multi-objective design framework is also established in order to identify the parameters of the CBIS
that can satisfy the target vibration mitigation.

In paper [3], Wang et al. investigate the wind-induced response control of high-rise buildings
through inerter-based vibration absorbers, including the tuned mass damper inerter (TMDI) and
the tuned inerter damper (TID). The analysis is performed on a real 340 m tall building analyzed
as case study. A realistic wind-excitation model is adopted, based on experimental measurements
from wind tunnel tests obtained for a scaled prototype of the benchmark building, which accounts
for the actual cross-section of the structure and the existing surrounding conditions. The results
are analyzed in terms of wind-induced displacement and acceleration response. Performance-based
optimization of the TMDI and the TID is carried out to find a good trade-off between displacement and
acceleration-response mitigation, with the installation floor being an explicit design variable, in addition
to frequency and damping ratio, and considering different wind directions. The authors demonstrate
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that the optimally designed TMDI/TID can achieve better wind-induced vibration mitigation than the
conventional tuned mass damper (TMD), while allocating lower or null attached mass, especially in
terms of acceleration response.

In paper [4], Zhao et al. propose a displacement-dependent damping inerter system (DDIS) for
seismic response control. This configuration is alternative to conventional configurations of commonly
used inerter systems utilizing a velocity-dependent damping. The proposed configuration implies a
displacement-dependent element (DDE) in parallel to the inerter device and in series with a tuning
spring, which is found to generate a larger control force in the early stage of excitation in comparison to
a viscous-damping inerter system (VDIS). The DDE is governed by a bilinear elastoplastic constitutive
behavior. Although in this paper the analysis is limited to a SDOF system equipped with the proposed
DDIS, the authors demonstrate the influence of various DDIS-parameters through a wide parametric
study based on stochastic dynamic analysis. The stochastic linearization method is used to handle
the nonlinear terms, and three performance indicators related to the displacement, acceleration and
filtered energy response are analyzed. Then, the seismic response is evaluated in the time domain,
taking the non-linearity into account and considering both artificial and natural records. It is found
that the interaction between inerter, spring and the DDE is particularly effective for the structural
control. The inerter amplifies the deformation of the DDE in the DDIS by over 60%; thus, the DDIS
is characterized by a higher energy dissipation capability, namely as damping enhancement effect.
Because of the damping and mass-enhancement mechanism, the proposed DDIS considerably reduces
the structural displacement and acceleration, and is more effective than a VDIS especially the early
stage of the seismic response.

In paper [5], Zheng et al. investigate, from an experimental and numerical point of view, a novel
curved steel plate damper to improve the seismic performance of structures. Analytical formulae to
determine the key design parameters of the damper, namely elastic stiffness, yield strength, and yield
displacement, are derived. Experimental tests are carried out on four prototypes of metallic dampers,
characterized by different geometric properties, so as to identify the most effective combination of
parameters in terms of stability of hysteresis and energy dissipation performance. Finite element
simulations are also performed to simulate the loading process of the specimens, to investigate the
strain and stress distributions and to validate the design formulae proposed in this research work.

In paper [6], Meng et al. propose a two-degree of freedom tuned mass damper (2DOFs TMD)
for vibration mitigation of a suspension bridge. The simultaneous action of the two TMDs makes it
possible to control both bending and torsional modes of the bridge deck. Parameters of the proposed
2DOFs TMD are optimized through a control problem, with decentralized static output feedback for
minimizing the response of the bridge deck, and a graphical approach is introduced to arrange flexible
beams properly according to the exact constraints. It is found that the synthetic approach, based on
both the graphical approach and parameterized compliance, is an effective way to design the TMD
with the expected DOFs, in order to accomplish expected modes. Moreover, experimental findings on
a small scale prototype demonstrate the ability of the TMDs of suppressing several vibration modes
under laboratory conditions.

In paper [7], Mena et al. develop a new low-cost energy dissipation system for application
to precast concrete structures. This solution is particularly appealing for residential structures in
developing countries, in which precast footings, precast structural walls, and precast concrete slabs are
present. The system is based on a new connection between the precast foundation and the precast
structural wall, through a series of threaded steel bars that undergo plastic deformation during a
seismic event. The advantages of the new system are experimentally evaluated via pushover tests
performed on a single connection, on a structural frame, and on a real-scale three-story precast concrete
building. Based on the obtained experimental results, the proposed device proves to be an effective
strategy to increase the ductility and to mitigate the structural damage in the structural members, as the
energy dissipation is mostly concentrated in the low-cost energy dissipation device. It is concluded that
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the proposed energy dissipation device makes it possible to reach the performance level of “immediate
occupancy”, according to the American standards ACI374.2R-13.

In paper [8], Stanikzai et al. investigate the seismic response of different structural control systems,
including traditional base isolated buildings and three hybrid control solutions combining the base
isolation (BI) with: (a) a single TMD at the top of the building; (b) multiple tuned mass dampers
(MTMDs); (c) distributed tuned mass dampers (d-TMDs). The structural control performance of the
various vibration absorbers is studied considering two buildings (5-story and 10-story), and including
a set of 40 earthquake ground motions, with different scale factors to capture different intensity levels.
An incremental dynamic analysis (IDA) with increasing peak ground accelerations (PGAs) is performed
to develop simplified fragility curves for the maximum target isolator displacement. In line with other
literature studies, the combination of BI and TMD leads to a significant reduction of the isolation
bearing displacements, along with a reduction of the top floor acceleration and base shear. Additionally,
it is found that the MTMDs placed at the top floor and d-MTMDs on different floors of the buildings
are more efficient in reducing the probability of failure of the BI building when compared to a single
TMD solution.

In paper [9], Zhu et al. propose a so-called horizontal-connection and energy-dissipation structure
(HES), which could be employed for horizontal connection of prefabricated shear wall structural
system. This system consists of an external replaceable energy dissipation (ED) zone, mainly for energy
dissipation, and an internal stiffness lifting (SL) zone for enhancing the load-bearing capacity. The ED
zone may be easily replaced after damage at the end of the seismic event, while the SL zone can increase
the load-carrying capacity. Through the combination of the two zones, the load-displacement curves
of the HES exhibits a “double-step” behavior, which is desired to meet performance requirements at
different levels of the earthquake excitation. The system is investigated through detailed finite element
simulations aimed at investigating the influence of the design parameters of the connections, such as
aspect ratio, shape of the plate in the ED zone and displacement threshold in the SL zone. A customized
hysteretic behavior is obtained, and a phased energy dissipation performance can be particularly
useful for improving the seismic performance of prefabricated shear wall structures against large and
super-large earthquakes.

In paper [10], Ju et al. study the vibration mitigation effects of base isolation realized with lead
rubber bearings (LRBs) in high-tech factories. The authors consider a wide spectrum of external
excitations in terms of disturbing frequencies, namely seismic, wind and moving crane loads. They
also develop a three-dimensional finite element model, including soil-structure interaction effects.
The authors critically discuss the obtained results in view of the achievement of different performance
requirements under different types of external excitation. In particular, large initial stiffness is useful
to reduce micro-vibrations due to moving crane loads and wind loads, as well as during small or
moderate earthquakes, while small final LRB stiffness is necessary to reduce the seismic displacements
during strong earthquakes. It is found that the effectiveness of the seismic isolation is excellent for
earthquakes with short dominant periods but it decreases with increasing the dominant periods. Since
micro vibration is a major concern for high-tech factories, an appropriate design of LRBs should entail
a large initial stiffness and a small ratio of the final stiffness over the initial stiffness.

In paper [11], Naranjo-Pérez et al. develop a motion-based design method under uncertainty
conditions for the vibration mitigation of stay cables under wind-induced vibrations. A robust design
of the devices is carried out based on a constrained multi-objective optimization problem, wherein the
a multi-objective function is defined in terms of characteristic parameters of the damping devices, and
an inequality constraint is additionally included to guarantee an acceptable probability of failure of the
structural system. Following the United States Federal Highway Administration guidelines, the design
criterion is governed by the compliance of the vibration serviceability limit state, quantitatively
indicated by a reliability index being greater than a threshold value. The performance of the proposed
design method is numerically validated considering the longest stay cable of the Alamillo bridge (Spain)
equipped with different passive damping devices, namely viscous, elastomeric and friction dampers.

4



Appl. Sci. 2020, 10, 2819

The proposed motion-based design method turns out to be more effective than a conventional method,
by reducing the size and the budget of the devices, which facilitates its feasibility of implementation.

In paper [12], Rupakhety et al. explore the effectiveness of shared tuned mass damper (STMD)
in reducing seismic pounding of adjacent buildings. The authors carefully revisit the idea of STMD
reported in a paper from the literature [Earthq. Eng. Struct. Dyn. 2001, 30, 1185–1201]. In particular,
they noted that, strictly speaking, such solution does not act like a shared tuned mass damper. Optimal
parameters of the STMD are evaluated by minimizing the cost function using a genetic algorithm.
Two optimal (tuning) parameters are found: the first solution corresponds to the device being tuned
to one of the two buildings, thus being a classical TMD, and not a shared TMD; the second solution
corresponds to a very stiff system, in which the TMD mass hardly moves, thus it is equivalent to
a viscous connection between the two adjacent buildings. In the second solution, the TMD mass
introduces no benefit while, counterproductively, it adds unnecessary load to the structure. Any
reduction in response resulting from the STMD is due to the viscous coupling of the two buildings,
rather than to the tuned vibration of the STMD mass. Based on the authors’ study, the STMD strategy
is not effective. This conclusion is obtained based on results from a large set of real earthquake ground
motions, including 462 ground motion records from 110 earthquakes recorded in Europe and the
Middle East.

In paper [13], Palacios-Quiñonero et al. develop an optimal passive actuation scheme of
multibuilding systems composed of both interstory and interbuilding linear viscous dampers. Unlike
other literature studies that are limited to one or at the most two adjacent buildings, the paper addresses
a set of five identical planar frames. Optimization is carried out using a hybrid discrete-continuous
formulation, based on H∞ objective function combined with genetic algorithm approaches and parallel
computing techniques. The optimal position and the optimal damping coefficient of the devices are
determined through the developed design procedure. Three different classes (or configurations) of
distributed damping systems are analyzed, with the frames being subjected to the El Centro ground
motion. The resulting seismic performance is analyzed in terms of the peak interstory drift response
of the various buildings and story-accelerations peak values, with an eye for the pounding risk.
The proposed design methodology proves to be very effective from a computational point of view, and
promising for application to large-scale multibuilding systems.
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Inertial Mass Dampers

Zhihao Wang 1,*, Fangfang Yue 1 and Hui Gao 1,2

1 International Joint Research Lab for Eco-Building Materials and Engineering of Henan Province,
North China University of Water Resources and Electric Power, Zhengzhou 450045, China;
ffyue1993@126.com (F.Y.); hgao1993@126.com (H.G.)

2 Key Laboratory of Concrete and Prestressed Concrete Structure of Ministry of Education, Southeast
University, Nanjing 210096, China

* Correspondence: wangzhihao@ncwu.edu.cn; Tel.: +86-150-9340-8299

Received: 15 August 2019; Accepted: 12 September 2019; Published: 18 September 2019

Abstract: Recently, inertial mass dampers (IMDs) have shown superior control performance over
traditional viscous dampers (VDs) in vibration control of stay cables. However, a single IMD may
be incapable of providing sufficient supplemental modal damping to a super-long cable, especially
for the multimode cable vibration mitigation. Inspired by the potential advantages of attaching
two discrete VDs at different locations of the cable, arranging two external discrete IMDs, either at
the opposite ends or the same end of the cable is proposed to further improve vibration mitigation
performance of the cable in this study. Complex modal analysis based on the taut-string model
was employed and extended to allow for the existence of two external discrete IMDs, resulting in a
transcendental equation for complex wavenumbers. Both asymptotic and numerical solutions for
the case of two opposite IMDs or the case of two IMDs at the same end of the cable were obtained.
Subsequently, the applicability of asymptotic solutions was then evaluated. Finally, parametric
studies were performed to investigate the effects of damper positions and damper properties on the
control performance of a cable with two discrete IMDs. Results showed that two opposite IMDs can
generally provide superior control performance to the cable over a single IMD or two IMDs at the
same end. It was also observed that attaching two IMDs at the same end of the cable had the potential
to achieve significant damping improvement when the inertial mass of the IMDs is appropriate,
which seems to be more promising than two opposite IMDs for practical application.

Keywords: stay cable; vibration control; hybrid control; inertial mass damper; viscous damper

1. Introduction

With the flourishing development of materials and construction technologies, civil engineering
structures are becoming larger, lighter, and more flexible, especially for long-span bridges. Cable-stayed
is a common option for bridges in the medium to long-span ranges due to its unique structural formation,
economic advantage, and esthetic value [1]. However, as important load-bearing components of
cable-stayed bridges, stay cables are highly susceptible to dynamic excitations due to their high
flexibility and low intrinsic damping [2,3]. Frequent and excessive amplitude cable vibrations may lead
to fatigue failure of cables. These problems may inevitably shorten the service life and cause the risk
of losing public confidence in cable-stayed bridges. To guarantee structural safety, several solutions
have been proposed to dampen cable vibrations, which include modifying aerodynamic surface of
cables [4], connecting cables together via cross tie [5], and attaching external dampers on cables [6–9].

Though these practical measures have been well applied in the field, each has its own shortcomings.
Changing the surface of the cable is difficult to implement for retrofit and may increase drag forces at
high wind velocities [10]. Cross-ties are incapable of direct energy dissipation and make the aesthetics
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of cable-stayed bridges deteriorate [11]. Compared to the two methods above, attaching external
dampers on the cable seems to be more promising. Nevertheless, the installation location of a passive
viscous damper is typically restricted to within a few percentage points of the cable length from the
cable anchorage [12]. As expected, passive viscous dampers cannot provide sufficient damping to
eliminate vibrations for super-long cables, such as the Sutong Bridge, with cables nearly 600 m long.
Moreover, the results based on both theoretical and experimental studies indicated that the existence
of the cable sag [13,14], the cable flexural rigidity [15,16], the damper stiffness [17], and the damper
support stiffness [18] or their coexistence [19–23] would have adverse impacts on the efficiency of
passive viscous dampers.

An active damper can produce a force-deformation relationship with the negative-stiffness
behavior that benefits damper efficiency when the linear quadratic regulator (LQR) algorithm is
employed [24,25]. However, active dampers often require high power sources beyond practical limits
and are thus rarely used for cable vibration mitigation in real bridges. Alternatively, semiactive dampers,
which can produce similar hysteresis and achieve control performance comparable to that of active
dampers, were proposed [26–29]. For instance, the semiactive control based on magnetorheological
dampers has been successfully applied on the Dongting Lake Bridge [30], Binzhou Bridge [31],
and Sutong Bridge [32]. Compared to active dampers, semiactive dampers require less power.
Nevertheless, possible implementations of semiactive dampers on site still require an external stable
power supply, a sensing system, and a controller, which seems to be complicated and costly. This fact
has inspired researchers to introduce a negative stiffness mechanism into passive dampers to mitigate
cable vibrations.

Recently, several representative passive dampers with negative stiffness mechanisms, including
pre-spring negative stiffness dampers (pre-spring NSDs) [33,34] and magnetic negative stiffness
dampers (magnetic NSDs) [35,36], have been successfully developed. Negative stiffness dampers
have well demonstrated to be capable of providing superior damping over that of traditional passive
viscous dampers [37–39]. However, extremely large passive negative stiffness may make the NSD lose
its stability. Alternatively, an inerter has the potential to provide similar negative stiffness without a
stability problem [40]. Many inerter-based absorber layouts have been proposed, and their control
performance advantages have been proven for civil engineering structures [41–59]. As for the vibration
suppression of cables, typical inertial mass dampers (IMDs) [60–65] and tuned inerter dampers [66,67]
were well developed, and their significant improvement on the achievable modal damping ratio of the
cable was verified via both theoretical and experimental investigations.

With the increasing cable length, it may be difficult to attain a desired level of supplemental modal
damping with a single damper or a pair of dampers installed near the deck anchorage. Hence, some
hybrid techniques have been further proposed. The idea of combining external dampers with cross-ties
for cable vibration control was considered, which not only addresses the deficiencies of these two
commonly used countermeasures but also still retains their respective merits [68–73]. A hybrid damper
system, combining a viscous damper and a tuned mass damper, can overcome the shortcomings of
single type of dampers and improve effectiveness and robustness in suppressing cable vibration [74].
In addition, application of two viscous dampers or two high-damping rubber dampers at different
locations of a cable was proposed [75–77]. The results have shown that when two viscous dampers
are installed at opposite ends of a cable, their damping effects are approximately the sum of the
contributions from each damper [77]. However, when they are at the same cable end, the maximum
modal damping ratio of the cable is determined by a single damper at the further distance, indicating
no benefits over a single damper configuration [77].

Inspired by the potential advantages of attaching two external discrete viscous dampers (VDs)
on a cable, this study aimed to evaluate the feasibility of a cable with two discrete IMDs, either on
the opposite end or on the same end of the cable, to improve the vibration mitigation performance of
the cable in each mode. Complex modal analysis based on the taut-string model was employed and
extended to allow for the existence of two external discrete IMDs. The formulation for free vibration
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of a taut cable with two discrete IMDs was established, and corresponding complex wavenumber
equations of free damped vibration were derived. The asymptotic and numerical solutions of the
wavenumber equation were obtained, and the applicability of asymptotic solutions was then evaluated.
Finally, parametric studies were performed to investigate the effects of damper positions and damper
properties on the control performance of the cable with two discrete IMDs.

2. Formulation of the Cable–IMD System

A taut cable with two transversely attached inertial mass dampers is shown in Figure 1. The length,
the mass per unit length, and the tension of the cable are L, m, and T, respectively. The coordinate
system defines that the x-axis and the v-axis are along the cable chord and the transverse direction,
respectively. x∗ = L− x represents the coordinate from the right end of the cable. Two discrete IMDs
are respectively installed at distances x1 and x2 from the left end of the cable (x2 ≥ x1). The distance
between the right IMD and the right end is denoted as x∗2 = L − x2. The damping coefficient and
inertial mass of the jth IMD are denoted as cj and bj (j = 1, 2), respectively. The equation of motion of
the cable–IMD system is given by:

T
∂2v
∂x2 −m

∂2v
∂t2 =

2∑
j=1

FIMD j(t)δ(x− xj), (1)

where v(x, t) is the cable transverse displacement and δ(·) is delta function to specify the location of
the damping force FIMD j at x = xj.

Figure 1. The taut cable with two discrete inertial mass dampers.

Under free vibration, applying separation of variables, the cable transverse displacement and the
IMD force can be respectively expressed as:

v(x, t) = ṽ(x)eiωt, FIMD j(t) = F̃IMD jeiωt (2)

where i2 = −1, ω is a complex natural frequency of the cable, and ṽ(x) is the corresponding complex
mode shape. To find ṽ(x), the cable can be considered as a multispan structure connected at the
damper locations [77]. Substituting Equation (2) into Equation (1), ṽ(x) in each span needs to satisfy a
homogeneous equation [77]:

d2ṽ
dx2 + β2ṽ = 0

⎧⎪⎪⎪⎨⎪⎪⎪⎩
0 ≤ x ≤ x1

x1 ≤ x ≤ x2
0 ≤ x∗ ≤ x∗2

, (3)

where β = ω
√

m/T refers to the wavenumber.
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Applying boundary conditions at cable ends, i.e., ṽ(0) = ṽ(L) = 0, and the transverse displacement
compatibility conditions at damper locations, i.e., ṽ(x1) = ṽ1, ṽ(x∗2) = ṽ2, the general solution of
Equation (3) can be further written in the form [77]:

ṽ(x) =

⎧⎪⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎪⎩
ṽ1

sin βx
sin βx1

0 ≤ x ≤ x1

ṽ1
sin β(x2−x)
sin β(x2−x1)

+ ṽ2
sin β(x−x1)
sin β(x2−x1)

x1 ≤ x ≤ x2

ṽ2
sin βx∗
sin βx∗2

0 ≤ x∗ ≤ x∗2

, (4)

where ṽ j is the mode shape amplitude at the jth damper location.
At damper locations, there is:

T(
dv
dx

∣∣∣∣∣x+j − dv
dx

∣∣∣∣∣x−j ) = F̃IMD j(t). (5)

Substituting Equation (4) into Equation (5), it yields:⎧⎪⎪⎪⎨⎪⎪⎪⎩ cot βx1 + cot(x2 − x1) − ṽ2
ṽ1

1
sin β(x2−x1)

= − F̃IMD1/T
βṽ1

− ṽ2
ṽ1

1
sin β(x2−x1)

+ cot β(x2 − x1) + cot βx∗2 = − F̃IMD2/T
βṽ1

. (6)

Substituting ṽ1/ṽ2 from the second one into the first one of Equation (6) and rearranging, the
characteristic equation of the wavenumber β is derived as:

(cot βx1 +
F̃IMD1/T
βṽ1

)(cot βx∗2 +
F̃IMD2/T
βṽ2

)+

(cot βx1 +
F̃IMD1/T
βṽ1

+ cot βx∗2 +
F̃IMD2/T
βṽ2

) cot β(x2 − x1) = 1
(7)

3. Two Opposite IMDs

3.1. The Wavenumber Equation

The damper force of the jth IMD can be expressed as [45]:

FIMD j(t) = bj
∂2v(xj, t)

∂t2 + cj
∂v(xj, t)
∂t

or F̃IMD j = −bjω
2ṽ j + cjωṽ j. (8)

When two IMDs are installed at different ends of the cable, substituting Equation (8) into
Equation (7) and using trigonometric relations, Equation (7) can be rearranged to the form relating to
x1 and x∗2 as:

tan βL =
A1 + iB1

C1 + iD1
, (9)

A1 = −χ1 sin2 βx1 − χ2 sin2 βx∗2 + (χ1χ2 − η1η2) sin βx1 sin βx∗2 sin β(x1 + x∗2), (9a)

B1 = η1 sin2 βx1 + η2 sin2 βx∗2 − (χ1η2 + χ2η1) sin βx1 sin βx∗2 sin β(x1 + x∗2), (9b)

C1 = 1− χ1 sin βx1 cos βx1 − χ2 sin βx∗2 cos βx∗2+
(χ1χ2 − η1η2) sin βx1 sin βx∗2 cos β(x1 + x∗2)

(9c)

D1 = η1 sin βx1 cos βx1 + η2 sin βx∗2 cos βx∗2−
(χ1η2 + χ2η1) sin βx1 sin βx∗2 cos β(x1 + x∗2)

(9d)

where η j =
cj√
mT

and χ j =
bjω√

mT
represent the dimensionless damping coefficient and the dimensionless

inertial mass of the jth IMD, respectively.
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The form of Equation (9) is suitable for solutions, either for asymptotic solutions or numerical
solutions by iteration.

3.2. Asymptotic Solution

The following assumptions are introduced [12,17,77]: (1) The locations of IMDs are very close to
the ends, i.e., x1, x∗2 � L; (2) the wavenumber βn of each mode n (n = 1, 2, . . . ) has a small perturbations
Δβn = βn − β0

n from the undamped value β0
n = nπ/L. The assumptions above lead to the following

approximations:

tan(βnL) � βnL− nπ sin(βnx1) � β0
nx1 sin(βnx∗2) � β

0
nx∗2 cos(βnx1) � cos(βnx∗2) = 1. (10)

The asymptotic formula for the wavenumber βn takes the form:

βnL � nπ+ β0
n

E1 + iF1

G1 + iH1
, (11)

E1 = −b1x1 − b2x∗2 + (b1b2 − c1c2)(x1 + x∗2), (11a)

F1 = c1x1 + c2x∗2 − (b1c2 + b2c1)(x1 + x∗2), (11b)

G1 = 1− b1 − b2 + (b1b2 − c1c2)(x1 + x∗2), (11c)

H1 = c1 + c2 − (b1c2 + b2c1)(x1 + x∗2), (11d)

where c1 = η1β
0
nx1 and c2 = η1β

0
nx∗2 represent dimensionless damping coefficient groups, while

b1 = χ1β
0
nx1 and b2 = χ2β0

nx∗2 represent dimensionless inertial mass groups.
The complex eigen-frequency corresponding to the wavenumber βn is denoted as ωn. The nth

supplemental modal damping radio of a cable ξn can be obtained by [17]:

ξn =
Im[ωn]

|ωn| =
Im[βn]∣∣∣βn

∣∣∣ � Im[Δβn]∣∣∣β0
n

∣∣∣ . (12)

Substituting Equation (11) into Equation (12), the asymptotic supplemental modal damping ratio
of the cable is finally derived as:

ξn �
c1

(1− b1)
2
+ (c1)

2

x1

L
+

c2

(1− b2)
2
+ (c2)

2

x2

L
. (13)

If two identical IMDs are symmetrically installed at the cable for practical implementation, some
simplifications in the notation can be introduced, i.e., x = x1 = L− x2 = x∗2, b1 = b2 = b, χ1 = χ2 = χ,
b1 = b2 = b, c1 = c2 = c, η1 = η2 = η, and c1 = c2 = c. Equation (13) can be further simplified as:

ξn =
2c

(1− b)
2
+ (c)2

x1

L
. (14)

3.3. Numerical Solution

The numerical solution of the wavenumber βn to Equation (9) is obtained by the fixed point
iteration [12,14], which starts from the undamped wavenumber β0

n. Substituting β0
n into the right side

of the Equation (9), the resulting value β1
n is obtained. Similarly, with current estimate βk

n, k = 1, 2, 3..., a
new estimate βk+1

n will be derived. The iterative scheme is given by:

βk+1
n L = nπ+ arctan

A1 + iB1

C1 + iD1
, (15)

11
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A1 = −χ1 sin2 βk
nx1 − χ2 sin2 βk

nx∗2 + (χ1χ2 − η1η2) sin βk
nx1 sin βk

nx∗2 sin βk
n(x1 + x∗2), (15a)

B1 = η1 sin2 βk
nx1 + η2 sin2 βk

nx∗2 − (χ1η2 + χ2η1) sin βk
nx1 sin βk

nx∗2 sin βk
n(x1 + x∗2), (15b)

C1 = 1− χ1 sin βk
nx1 cos βk

nx1 − χ2 sin βk
nx∗2 cos βk

nx∗2+
(χ1χ2 − η1η2) sin βk

nx1 sin βk
nx∗2 cos βk

n(x1 + x∗2)
(15c)

D1 = η1 sin βk
nx1 cos βk

nx1 + η2 sin βk
nx∗2 cos βk

nx∗2−
(χ1η2 + χ2η1) sin βk

nx1 sin βk
nx∗2 cos βk

n(x1 + x∗2)
(15d)

Finally, the supplemental modal damping ratio of a cable with two opposite IMDs can be calculated
by Equation (12) after solving the wavenumber βn.

3.4. Comparison of Asymptotic and Numerical Solutions

Figure 2 shows the comparison of asymptotic and numerical complex wavenumbers of a cable
with two symmetric identical IMDs for various inertial masses. Two IMDs are assumed to be
respectively installed at distances x1 of 1%L and x2 of 99%L from the left end of the cable, i.e.,
x = x1 = x∗2 = L− x2 = 1%L. When inertial masses remain constant and damping coefficients of two
IMDs increase from zero to infinity, the loci, which nearly trace a semicircular contour, start from the
undamped wavenumber and finally attach to the real axis. According to Equation (12), the damping
properties result from the imaginary part of the wavenumber. Maximum supplemental modal damping
can be obtained at the top point of the semicircle [17]. The diameter of the loci is quite small but
increases with the increase of the inertial masses of IMDs, indicating that two symmetric identical IMDs
have slight influences on the damped frequency of the cable and can achieve higher supplemental
modal damping ratios than traditional VDs. By comparing asymptotic and numerical complex
wavenumbers, it is seen that two results coincide well with each other for small or moderate inertial
mass (χ ≤ 0.6/(nπx/L)) adopted in the IMDs. Nevertheless, the results deviate significantly from each
other when the big inertial mass (χ = 0.9/(nπx/L)) shown in Figure 2d is adopted. Hence, solutions
via numerical iteration are used to accurately predict the maximum supplemental modal damping
ratio of the cable and corresponding optimal damper size of the IMD in the following discussions.
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Figure 2. Comparison of asymptotic and numerical complex wavenumbers of a cable with two
symmetric identical inertial mass dampers (IMDs) (x = x1 = x∗2 = 1%L).

3.5. Parametric Studies

Figure 3 presents the supplemental modal damping ratio of a cable with two symmetric identical
VDs versus damping coefficients. For the convenience of comparisons, the results of a cable with a
single VD are also shown. It is observed that symmetrically attaching two VDs on the opposite end
of a cable is favorable to increasing the maximum supplemental damping ratio of the cable, and its
maximum supplemental modal damping ratio is asymptotically the sum of contributions from each
VD separately. The findings above are quite consistent with those reported in previous studies [76,77].

Figure 3. The supplemental modal damping ratio curve of a cable with a single viscous damper (VD)
or two symmetric identical VDs (x = x1 = x∗2 = 1%L).
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Figure 4 presents the supplemental modal damping ratio of a cable with two symmetric identical
IMDs or a single IMD versus damping coefficients for various inertial masses. It is clear that two
opposite IMDs can provide superior control performance to the cable over a single IMD. Figure 5
directly compares the maximum supplemental modal damping ratio of a cable equipped with a single
IMD or two symmetric identical IMDs. For two symmetric identical IMDs with small or medium inertial
mass, similarly to the case of two symmetric identical VDs, the maximum achievable supplemental
damping ratio is approximately doubled with that provided by a single IMD. It indicates that two
opposite IMDs are almost independent from each other. This finding may explain why the optimal
damping coefficients of the IMDs for both the single configuration and two-symmetric configuration
are similar to each other in magnitude, as shown in Figure 4. Moreover, the maximum achievable
supplemental modal damping ratio of a cable provided by two symmetric identical IMDs is larger
than that provided by a single IMD or two symmetric identical VDs.

Figure 4. The supplemental modal damping ratio curve of a cable with a single IMD or two symmetric
identical IMDs (x = x1 = x∗2 = 1%L).
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Figure 5. The maximum achievable supplemental modal damping ratio of a cable equipped with a
single IMD or two symmetric identical IMDs (x = x1 = x∗2 = 1%L).

4. Two IMDs at the Same End

4.1. The Wavenumber Equation

When two IMDs are installed at the same end of the cable, substituting Equation (8) into
Equation (7) and rearranging terms gives the following expression relating to x1 and x2:

tan βL =
A2 + iB2

C2 + iD2
, (16)

A2 = −χ1 sin2 βx1 − χ2 sin2 βx2 + (χ1χ2 − η1η2) sin βx1 sin βx2 sin β(x2 − x1), (16a)

B2 = η1 sin2 βx1 + η2 sin2 βx2 − (χ1η2 + χ2η1) sin βx1 sin βx2 sin β(x2 − x1), (16b)

C2 = 1− χ1 sin βx1 cos βx1 − χ2 sin βx2 cos βx2+

(χ1χ2 − η1η2) sin βx1 cos βx2 sin β(x2 − x1)
(16c)

D2 = η1 sin βx1 cos βx1 + η2 sin βx2 cos βx2−
(χ1η2 + χ2η1) sin βx1 cos βx2 sin β(x2 − x1)

(16d)

4.2. Asymptotic Solution

Similarly to the case of two opposite IMDs, assuming two IMDs locations x1, x2 � L and the wave
number βn of the damped cable to be small perturbations from β0

n, Equation (16) can be simplified as:

βnL � nπ+ β0
n

E2 + iF2

G2 + iH2
, (17)

E2 = −b1x1 − b2x2 + (b1b2 − c1c2)(x2 − x1), (17a)

F2 = c1x1 + c2x2 − (b1c2 + b2c1)(x2 − x1), (17b)

G2 = 1− b1 − b2 + (b1b2 − c1c2)(1− x1/x2), (17c)

H2 = c1 + c2 − (b1c2 + b2c1)(1− x1/x2). (17d)
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From Equations (12) and (17), the asymptotic modal damping ratio of a cable with two IMDs at
the same end can be obtained as:

ξn �
Im[Δβn]∣∣∣β0

n

∣∣∣ =
F2G2 − E2H2

(G2)
2 + (H2)

2 . (18)

4.3. Numerical Solution

Similarly to the case of two opposite IMDs, Equation (16) can be solved for the wavenumber
using the fixed-point iteration. Starting from the undamped wavenumber β0

n, the iterative scheme is
given by:

βk+1
n L = nπ+ arctan

A2 + iB2

C2 + iD2
, (19)

A2 = −χ1 sin2 βk
nx1 − χ2 sin2 βk

nx2 + (χ1χ2 − η1η2) sin βk
nx1 sin βk

nx2 sin βk
n(x2 − x1), (19a)

B2 = η1 sin2 βk
nx1 + η2 sin2 βk

nx2 − (χ1η2 + χ2η1) sin βk
nx1 sin βk

nx2 sin βk
n(x2 − x1), (19b)

C2 = 1− χ1 sin βk
nx1 cos βk

nx1 − χ2 sin βk
nx2 cos βk

nx2+

(χ1χ2 − η1η2) sin βk
nx1 cos βk

nx2 sin βk
n(x2 − x1)

(19c)

D2 = η1 sin βk
nx1 cos βk

nx1 + η2 sin βk
nx2 cos βk

nx2−
(χ1η2 + χ2η1) sin βk

nx1 cos βk
nx2 sin βk

n(x2 − x1)
(19d)

After solving numerically for the wavenumber, the supplemental modal damping ratio of a cable
with two IMDs at the same end can be determined from Equation (12).

4.4. Comparison of Asymptotic and Numerical Solutions

Figure 6 shows the comparison of asymptotic and numerical complex wavenumbers of a cable
with two IMDs at the same end for various inertial masses, where two IMDs are installed at distances
x1 of 1%L and x2 of 2%L from the left end of the cable, i.e., x1 = 1%L, x2 = 2%L. Seeing that two
IMDs are usually identical, some simplifications in the notation are introduced, i.e., b1 = b2 = b,
χ1 = χ2 = χ, c1 = c2 = c, and η1 = η2 = η. Similar to the case of two opposite IMDs, the loci start
from the undamped wavenumber along a semicircular contour and finally attach to the real axis when
damping coefficients of the IMDs increase from zero to infinity, and the effect of two IMDs installed at
the same end of the cable on the cable frequency is also not significant. For a cable with two IMDs at
the same end, although the asymptotic complex wavenumber agrees well with the numerical solution
when the small inertial mass (χ ≤ 0.3/(nπx2/L)) is used, it will lose accuracy when moderate or large
inertial mass (0.6/(nπx2/L) ≤ χ ≤ 0.9/(nπx2/L)) is adopted. Compared to the case of two opposite
IMDs, prediction accuracies of the asymptotic solution are found to be relatively poor when two
IMDs are installed at the same end of the cable. Hence, numerical results are used for the following
parametric study.
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Figure 6. Comparison of asymptotic and numerical complex wavenumbers of a cable with two identical
IMDs at the same end (x1 = 1%L, x2 = 2%L).

4.5. Parametric Studies

Figure 7 presents the supplemental modal damping ratio of a cable with two identical VDs at
the same end or a single VD versus damping coefficients. It is observed that attaching two VDs at
the same ends of the cable may help to reduce the damper size but cannot increase the maximum
supplemental modal damping ratio. Moreover, its maximum modal damping ratio is slightly smaller
than that provided by a single VD at the further distance. These observations are in agreement with
previous findings [76,77].

Figure 7. The modal damping ratios curves of a cable equipped with a single VD or two identical VDs
at the same end (x1 = 1%L, x2 = 2%L).

Figure 8 presents the supplemental modal damping ratio of a cable with two identical IMDs at the
same end or a single IMD versus damping coefficients of the IMD. If two IMDs with relatively small
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or big inertial masses (χ ≤ 0.1/(nπx2/L) or χ = 0.9/(nπx2/L)) are installed at the same end of the
cable, similarly to the case of two VDs at the same end of a cable, there is no advantage of increasing
the maximum modal damping ratio over that of a single IMD. However, if moderate inertial mass
(0.4/(nπx2/L) ≤ χ ≤ 0.7/(nπx2/L)) of the IMD is used, it is interesting to observe that two IMDs at
the same end can lead to smaller optimum damping coefficients and larger maximum supplemental
modal damping ratios than that of a single IMD at a bigger distance.

Figure 8. The modal damping ratios curves of a cable equipped with a single IMD or two identical
IMDs at the same end (x1 = 1%L, x2 = 2%L).

The maximum achievable supplemental modal damping ratios of a cable equipped with a single
IMD and two IMDs at the same end are directly compared in Figure 9. It is worth noting that the
maximum supplemental modal damping ratio provided by two IMDs is higher than the sum of
contributions from each IMD when inertial mass χ = 0.7/(nπx2/L) is used. Though the strategy of two
opposite IMDs has demonstrated that it can provide superior control performance, installing a damper
at cable-tower anchorage is difficult and inconvenient. Thus, attaching two IMDs with appropriate
inertial mass installed at the same end of the cable seems to be more promising for practical application.
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Figure 9. The maximum achievable supplemental modal damping ratio of a cable equipped with a
single IMD or two identical IMDs at the same end (x1 = 1%L, x2 = 2%L).

5. Conclusions

In this paper, the combined damping effect of two discrete IMDs on a stay cable, either on
the opposite end or the same end, was theoretically investigated in comparison with a single IMD,
especially for the single-mode cable vibration control. Results showed that the maximum supplemental
modal damping ratio of a cable provided by two opposite IMDs with small or moderate inertial
mass is approximately the sum of contributions from each IMD. However, damping performances
of the cable with two opposite IMDs will be reduced when the IMDs adopt relatively large inertial
mass, in which the superposition effect of each IMD gets weak. As for a cable with two IMDs at the
same end, the maximum modal damping ratio of the cable is smaller than that of a single IMD at
the further distance when the IMDs adopt relatively small or large inertial mass. Fortunately, when
the inertial mass of the IMD is appropriate, attaching two IMDs at the same end of the cable is able
to obtain a larger maximum modal damping ratio than that of a single IMD at a bigger distance,
which is even more than the sum of contributions from each IMD. Generally, attaching two opposite
IMDs on a cable has shown better control performance than two IMDs at the same end. However,
installing a damper at cable-tower anchorage is difficult and inconvenient. As an alternative, attaching
two IMDs with appropriate inertial mass at the same end of a cable seems to be more promising for
practical application. However, it is still necessary to explore the performance of two IMDs for the
multimode cable vibration control, especially for super-long cables, which will be our consideration
for further study.
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Abstract: In this paper, cables are proposed to connect the inerter and main frame for
translation-to-rotation conversion, i.e., the cable-bracing inerter system (CBIS), with a magnified mass
and enhanced damping effect. This novel configuration has the benefits of deformation relaxation at
the connecting joints, easy installation, and an adaptive layout for nonconsecutive-story deployment.
Dynamic motion equations were established for a single degree-of-freedom (SDOF) model equipped
with a CBIS. The influence of dimensionless parameters, such as inertance-mass ratio, stiffness ratio
and additional damping ratio on vibration mitigation were studied in terms of displacement response
and force output. A single objective and multiple objective optimal design method were developed for
a CBIS-equipped structure based on a performance-oriented design framework. Finally, the mitigation
effect was illustrated and verified by a numerical simulation in a time-domain. The results showed
that a CBIS is an effective structural response mitigation device used to mitigate the response of
structural systems under earthquake excitation. Using the proposed optimization method, CBIS
parameters can be effectively designed to satisfy the target vibration control level.

Keywords: passive vibration control; inerter system; cable bracing; parametric study; optimal design

1. Introduction

To suppress the structural vibration induced by earthquakes or winds, various vibration control
devices have been developed and widely applied [1–3]. Among them, the tuned mass damper
(TMD) [4] has the simplest design and a concise vibration control mechanism, which consists of three
classical mechanical components, namely mass elements, springs, and dampers. With the addition
of a lumped mass in a TMD, the fundamental frequency of the main frame is tuned away from the
dominating frequency range of the excitation. Part of the input energy is stored by the lumped mass in
the form of kinetic energy, eventually dissipated by the dampers [5,6]. The spring and damper are
typical two-terminal elements in the structure, and their output restoring force and damping force
depends on the relative displacement and relative velocity between two terminals, respectively. On the
other hand, the lumped mass suspended in the TMD [7] is a one-terminal element, and its inertia force
exerted on the bearing frame is the product of its absolute acceleration and mass. To control seismic
response effectively, the weight of TMDs contributes a significant portion of the entire structure, which
demands additional bearing capacity of the main structure. For example, a 660-ton TMD was installed
at the top of the Taipei 101 Building in Taiwan, China, whose weight is 0.4 percent of the primary
structure, taking up nearly two stories of space for installation. The requests for extra space and the
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weight burden of the TMDs bring practical problems in real applications. Due to space constraints,
an active mass damper [8] was installed in a tall TV tower in Nanjing, China to reduce its wind-induced
response to replace the original plan of TMDs. An active mass damper has a smaller mass than a TMD,
but it requires higher investment and maintenance costs.

To minimize the weight and dimension of a damper, an innovative inerter [9–14] for civil structures
has been developed. For the same performance target, the required physical mass of the inerter is much
smaller than that of the conventional TMD [12,15,16]. For the apparent mass to be much greater than
its actual mass, a displacement amplification mechanism must be used, such as the rotation mechanism.
The concept of inerter, a two-terminal inertial element, was initially introduced by Smith [17] in the
early 2000s. The inertial force produced by an inerter is proportional to the relative acceleration
between two terminals, which allows the inerter to utilize the acceleration difference between the
adjacent floors for vibration mitigation. Another distinguishing feature is the mass amplification effect
of inerters [9,18]. The inertance with the apparent mass can be several hundred times greater than its
physical mass. An inerter behaves as a tuning element for absorbing vibration energy much like a
lumped mass in a TMD does. The topology of an inerter system consists of three basic mechanical
elements—the inerter, damping, and spring elements. The damping efficiency in the inerter system
can be significantly enhanced by using the rotational amplifier compared to the traditional viscous
dampers [17–19].

In civil engineering, a similar concept as inerters had been practiced independently in 1999,
Arakaki et al. [20] used the ball screw mechanism to amplify the efficient output force of a viscous
damper for suppressing vibrations induced by earthquakes. This was the first application of an
inerter-based damper in civil engineering. Since then, various inerter-based devices have been
developed, including tuned viscous mass dampers (TVMD) [9,21], tuned mass-damper–inerter systems
(TMDI) [12], tuned inerter dampers (TIDs) [22], and so on. These inerter-based devices use rack
pinion [22–24], ball screw [9,25], hydraulic [26–28] and electromagnetic [29–31] mechanisms to convert
translational movement into rotational movement.

To establish an efficient and practical design method for structures with inerter systems, some
theoretical analyses were carried out in the present study. Ikago et al. [9] derived a simple formula
for optimal design of TVMD based on the fixed-point theory, which can be used as a design method
in practice. Taking the inherent damping ability of a single degree-of-freedom (SDOF) structure into
consideration, Pan et al. [32,33] proposed a demand-based optimal design method for a parallel-layout
inerter system to satisfy performance demands with minimum control costs. Zhang et al. [34]
investigated the impact of the mechanical layout of inerter systems on seismic-response mitigation
of liquid-storage tanks, and Chen et al. [35] explored the influence of soil–structure interaction on
structures equipped with an inerter system. After these designing measures were undertaken in the
engineering applications, some novel inerter-based devices were developed.

Researchers had different approaches to equipping structures with these inerter-based devices.
Hwang et al. [36] presented a ball–screw inerter system connected with a toggle brace to magnify the
relative displacement between adjacent floors and showed that their system could be utilized effectively
in structures even when the drift was small. Makris et al. [23] presented a rack–pinion–flywheel
system supported by an infinitely stiff chevron frame and demonstrated that this system was
particularly effective in suppressing the peak displacement of structures over long periods of time.
Sugimura et al. [31] installed the TVMD system in a building in Tohoku, Japan. This building has
seismic response control systems to upgrade the seismic safety of structures and facilities in the Tohoku
building. It has traditional viscous dampers supporting the lower floors and the TVMD system
supporting the upper floors. The TVMD was fixed between the adjacent floors using a support member
with a relevant stiffness like steel. These braces can transmit bending moments, shear, and torque,
and are sensitive to displacement at boundaries, which may induce the non-negligible moment and
deformation at the TVMD terminals. Ball joints were used to release the deformation which could
have induced the unwanted internal moment and torque in the brace. Cable bracing is the alternative
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method to ball joints for connecting inerters, since cables can only bear the axial tension force and
release deformation other than the axial direction.

Tension-only cables are an important element in the seismic control systems and are mainly used
to transmit control forces and to direct deformation from the main structure to energy dissipating
devices. Samuel [37] uses cables to prevent progressive collapse of buildings. Kim et al. [38] proposed
a rotational friction damper connected to tension-only braces to enhance the seismic resisting capacity
of existing structures. Kurata et al. [39] developed a bracing system consisting of cables and a central
energy dissipator. The tension-only cable design can increase the speed of construction by adopting
simple connections with rapid installation features.

In this paper, we propose to use a pair of tension-only cables to transfer the story drift to the
rotating flywheels, i.e., the cable-bracing inerter system (CBIS). Section 2 will introduce the concept
of CBIS and establish the motion governing equation for a CBIS-equipped SDOF system excited by
the ground motion. The frequency response functions of displacement and force output are derived
for characteristic study. In Section 3, a parametric analysis is conducted to study the effects of CBIS
parameters on structural seismic mitigation. In addition, a performance-based multi-objective H2 norm
optimum design method is proposed to design the CBIS. Design cases are carried out to illustrate the
effects of CBIS and the effectiveness of the proposed design method. Section 4 draws the conclusions.
These theoretical studies will lay the foundation for future experimental study.

2. Theoretical Analysis of a Cable-Bracing Inerter System

2.1. CBIS Concept

Cable bracing is the proposed mechanism of translation-to-rotation conversion for an inerter
connected to a structure. Figure 1 shows an SDOF structure with a CBIS, which consists of a pair of
bracing cables, a pair of conductor plates (flywheels), and a shaft. A pair of cables is pre-tensioned
connecting the structural frame and the shaft diagonally. Both ends of the shaft are supported by a
pair of shaft bearings mounted on the side plates fixed on the ground floor, making sure that only the
shaft rotates. When inter-story drift occurs in structures, one of the cables will shorten and drive the
shaft into rotation. The low-speed translational movement of the structure can be converted into a
high-speed rotational motion of the conductor plates by cable bracing.

 
(a) (b) 

Figure 1. A single-degree-of-freedom (SDOF) structure with a CBIS: (a) structure with a CBIS and
(b) detail of a CBIS. Note that the conductor plates serve as flywheels.

Conductor plates are fixed on the shaft and rotate together; meanwhile, several magnets with
alternating magnetic polarization are allocated on the fixed side plate to generate the electromagnetic
field. The rotational conductor plates and shaft function as an inerter. The fixed side plate and
conductor plate form one eddy current damper when the rotation conductor plate is cutting through
the electromagnetic field, thereby dissipating the vibration energy in the form of heat. As a result,
the novel cable-bracing inerter system presented herein can obtain its inertance and enhance the energy
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dissipation capacity via the additional damping provided by the eddy current damping. Compared to
the classic ball-screw mechanism of an inerter, CBIS is cost-effective and very simple.

2.2. Inerter Element

An inerter element is a two-terminal element. The output force is proportional to the relative
acceleration between two terminals and can be expressed as:

p = md(a2 − a1), (1)

where p is the output force of the inerter element, and md is the inertance; moreover, a1 and a2 are the
accelerations at the two terminals of the inerter element, as depicted in Figure 2.

 

Figure 2. Mechanical model of an inerter element.

2.3. Layout of SDOF System with CBIS

The mechanical system of a CBIS consists of an additional damping element, an inerter element
and a spring element. The damping element is set in parallel with the inerter element. The spring
element is then connected with the paralleled inerter and damping element in a series. Figure 3 shows
the layout and mechanical model of an SDOF structure equipped with a CBIS when the structure is
deformed in a horizontal direction.

Figure 3. Layout of an SDOF system with a CBIS.

In Figure 3, m, c, and k are the mass, damping coefficient, and stiffness of the SDOF system,
the primary structure, respectively. θ is the inclined angle of the diagonal cable; md is the inertance
of the CBIS; ce = cd cos2 θ is the equivalent damping coefficient considering the inclined angle of
the cables, where cd is the damping coefficient of the damping element, and kb is the stiffness of the
supporting spring element. The output force of this inerter system is the resultant force of the inerter
element and the eddy current damping element.

2.4. Motion Governing Equation of SDOF System with CBIS

When the structure is in a balanced state, the prestressed tension forces in both cables are T0.
If the structure starts to leave the balance position by moving to the right as illustrated in Figure 4,
the diagonal cable on the right side drives the inerter to rotate clockwise. At this time, the force
increment in the right cable is ΔT, and the force becomes T2 (T2 = T0 + ΔT). The tension in the left
cable decreases ΔT and becomes T1 (T1 = T0 − ΔT).

26



Appl. Sci. 2019, 9, 4096

Figure 4. Transmission mechanism of cable-bracing inerter system.

When the structure has a positive deformation, it moves to the right with a relative displacement
u(t), and the shaft and the conductor plates rotate correspondingly. We assume there is no relative
slippage between the cable and the shaft. Considering the axial stiffness of the one-sided cable kb

0,
the forces in the right cable T2 and the left cable T1 are as follows:

T2 = T0 + kb
0(u(t) cosθ−ϕ(t)r0)

T1 = T0 − kb
0(u(t) cosθ−ϕ(t)r0),

(2)

where the rotational angle of the conductor plate is ϕ(t). As shown in Figure 5, when the conductor
plates rotate, the cable moves in its own axial direction. Thus, the angle difference Δθ from its balance
position is trivial and can be ignored. u(t) cosθ−ϕ(t)r0 is the axial elongation of the cable. During the
operation of a CBIS, the tension force difference between two cables drives the shaft to rotate and is
given as:

T2 − T1= 2kb
0(u(t) cosθ −ϕ(t)r0). (3)

The eddy currents cause a damping force that is proportional to the velocity of the conductive metal,
which makes the eddy currents function like a viscous damper. According to the force equilibrium
conditions, compatibility condition, and the layout of the system (as shown in Figure 3), the motion
equation for this SDOF structure with a CBIS under earthquake excitations can be written as:

m
..
u(t) + c

.
u(t) + ku(t) + kb(u(t) cosθ−ϕ(t)r0) cosθ = −mag(t), (4)

where u(t) is the relative displacement of the SDOF system, and the dots represent the derivative with
respect to time t. ag(t) is the acceleration of the ground motion, kb is the equivalent stiffness of two
cables, and it is used to replace 2kb

0 in Equation (3). The motion equation for the CBIS is written as:

J
..
ϕ(t) + cd

.
ϕ(t)r0

2 = kb(u(t) cosθ−ϕ(t)r0)r0, (5)

where J is the moment of inertia for the inerter, and r0 is the radius of the shaft. The conductor plate
serves as a flywheel whose moment of inertia can be calculated as:

J = mIR2/2, (6)

where mI is the physical mass of two conductor plates and the shaft, and R is the radius of gyration.
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The governing motion equation of an SDOF structure can be described as:[
m 0
0 J

]{ ..
u
..
ϕ

}
+

[
c 0
0 cdr2

0

]{ .
u
.
ϕ

}
+

[
k + kb cos2 θ −kbr0 cosθ
−kbr0 cosθ kbr2

0

]{
u
ϕ

}
=

[ −mag

0

]
. (7)

Therefore, Equation (7) can be expressed in matrix form as:

M
¨
X+C

·
X+KX=F, (8)

where M, C, K and F respectively represent the mass matrix, damping matrix, stiffness matrix and
external excitation vector of the SDOF system with a CBIS. Equation (8) is converted into the state
space form:

A

·

X+BX=

{
F

0

}
, (9)

where 0={0, 0}T, A, B, X and
·

X are determined as:

A =

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣
c 0 m 0
0 cdr2

0 0 J
m 0 0 0
0 J 0 0

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦, B =

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣
k + kb cos2 θ −kbr0 cosθ 0 0
−kbr0 cosθ kbr2

0 0 0
0 0 −m 0
0 0 0 −J

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦, X =

⎧⎪⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎪⎩
u
ϕ
.
u
.
ϕ

⎫⎪⎪⎪⎪⎪⎪⎬⎪⎪⎪⎪⎪⎪⎭,
·

X =

⎧⎪⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎪⎩
.
u
.
ϕ
..
u
..
ϕ

⎫⎪⎪⎪⎪⎪⎪⎬⎪⎪⎪⎪⎪⎪⎭. (10)

Assume that the solution of Equation (9) has the form of:

X = ψeλt,
·

X = ψλeλt, (11)

where ψ is the eigenvector, substituting ψ= [ψ1 ψ2]
T into Equation (9), whereby we obtain:

(Aλ+B)

{
ψ

ψλ

}
= 0. (12)

The characteristic equation can be expressed as:

det|Aλ+ B| = 0. (13)

The j th pair of eigenvalues are λ2 j−1 and λ2 j, and the j th fundamental angular frequency ω j can
be obtained as:

ω j =
∣∣∣λ2 j−1

∣∣∣ = ∣∣∣λ2 j
∣∣∣. (14)

2.5. Frequency Response Function

In this section, the frequency response function of an SDOF structure with a CBIS under seismic
excitation is obtained. To normalize the dynamic equation, the parameters can be defined as:

ωs =

√
k
m

, (15)

ζ = c/2mωs, (16)

ξ = cd/2mωs, (17)
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where ωs and ζ are the circular frequency and the inherent damping ratio of the original SDOF
structure, respectively. ξ is the additional damping ratio provided by the CBIS. Through dimensionless
processing, the following parameters can be defined for designing CBIS:

μ = md/m, (18)

κ = kb cos2 θ/k, (19)

where μ is inertance–mass ratio, a ratio of the inertance of CBIS to the mass of primary system. κ is the
ratio of supporting spring stiffness in the horizontal direction to the primary stiffness k. Substituting the
parameters in Equations (15)–(19) into Equation (9), the Laplace transformation of Equation (7) can be
written as:⎡⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣

sU
s2U
sΦ
s2Φ

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦ =
⎡⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣

0 1 0 0
−ωs

2 − κωs
2 −2ζωs κωs

2r0/cosθ 0
0 0 0 1

κωs
2mr0/J cosθ 0 −κωs

2mr0
2/J cos2 θ −2ξωsr0

2m/J

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦
⎡⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣

U
sU
Φ
sΦ

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦−
⎡⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣

0
1
0
0

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦Ag(s), (20)

where s = iω, and Ag(s) is the Laplace transformation of ag(t). U,
.

U, Φ and
.

Φ are the Laplace
transformations of u,

.
u, ϕ and

.
ϕ, respectively, and they can be solved from Equation (8):

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣
U(s)
.

U(s)
Φ(s)
.

Φ(s)

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦ =
⎡⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣

−(s2μ+2ξωss cos2 θ+κωs
2)Ag(s)

C(s,ξ,ζ,μ,κ,ωs)
−s(s2μ+2ξωss cos2 θ+κωs

2)Ag(s)
C(s,ξ,ζ,μ,κ,ωs)
−κωs

2 cosθAg(s)
D(s,ξ,ζ,μ,κ,ωs,r0)
−sκωs

2 cosθAg(s)
D(s,ξ,ζ,μ,κ,ωs,r0)

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦
, (21)

where

C(s, ξ, ζ,μ,κ,ωs) = s4μ+ 2s3(ξ cos2 θ+ ζμ)ωs + s2(κ+ 4ξζ cos2 θ+ μ+ κμ)ωs
2

+2s(ζκ+ ξ cos2 θ+ κξ cos2 θ)ωs
3 + κωs

4

D(s, ξ, ζ,μ,κ,ωs, r0) = s4μr0 + 2s3(r0ξ cos2 θ+ r0ζμ)ωs + s2(κμr0 + 4ξζ cos2 θr0

+μr0 + κr0)ωs
2 + 2s(ξκr0 + ζκr0 + ξ cos2 θr0)ωs

3 + κr0ωs
4.

(22)

The frequency–domain transfer function between u(t) and input excitations can be easily
obtained as:

HU(s) =
U(s)
Ag(s)

=
−(s2μ+ 2ξωss cos2 θ+ κωs

2)

C(s, ξ, ζ,μ,κ,ωs)
. (23)

The normalized force of the CBIS is defined as F(t) = kb(u(t) cosθ−ϕ(t)r0)/m, which is provided
by the inertial mass element and the eddy current damping element. The frequency–domain transfer
function between F(t) and the input excitation is given as:

HF(s) =
F(s)

Ag(s)
=
−(2κξωs

3s cos2 θ+ κωs
2μs2)

A(s, ξ, ζ,μ,κ,ωs) cosθ
. (24)

3. Parametric Study

In this section, parametric analyses will be performed to investigate the effects of CBIS parameters
on structural seismic mitigation. The mitigation effect is represented in terms of the moduli of
displacement and force frequency response function at the resonant frequency. Three arguments,
namely the inertance–mass ratio μ, stiffness ratio κ, and additional damping ratio ξ, vary to study the
control effect of a CBIS damper. The domain of these arguments is determined mathematically without
considering practical aspects.
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3.1. Analysis Index

The response of a structure at the resonant frequency is much greater than that at another frequency,
so the peak value of the system’s responses deserves much attention. To find out the maximum
displacement response of the structure, the displacement amplification factor is referred to as the H∞
norm and can be defined as:

H∞ = max
{∣∣∣HU(iβ)

∣∣∣ω2
s

}
, (25)

where β = ω/ωs, and it can be interpreted as the normalized frequency. This index is independent
of the natural circular frequency ωs of the original structure, and can be considered as a function,
depending on the original structure’s inherent damping ratio ζ and the CBIS parameters, μ, ξ, and κ.
Henceforth, the intention of vibration control is to minimize the displacement amplification factor in
terms of the H∞ norm for a set of optimal parameters of the CBIS.

3.2. Parametric Analysis Results

Based on the analysis indexes mentioned above, a series of numerical cases were considered.
In these cases, the inherent damping ratio for the main frame ζ= 0.02 was assumed. Three inertance-mass
ratios, namely, μ = 0.01, 0.1 and 1.0, were used to study the vibration control effects by continuously
varying κ and ξwithin specified ranges. To describe the controlling index of the SDOF with a CBIS,
contour plots were illustrated with ξ on the x-axis, κ on the y-axis, and max

{∣∣∣HU(iβ)
∣∣∣ω2

s

}
as the height,

as shown in Figure 5.

 
(a) μ = 0.01 (b) μ = 0.1 

 
(c) μ = 1 

Figure 5. Displacement amplification factor of a CBIS-equipped SDOF structure with changes in
κ ∈ [0.01, 100] and ξ ∈ [0.01, 1].
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The displacement amplification factor of any point in the κ-ξ space is determined by the
frequency response function of Equation (25). The magnitude is represented by the color intensity.
The lowest displacement amplification factor is in the corner of the κ-ξ space, where the two
parameters reach their upper bounds. As shown in Figure 5a–c, the desirable solution of the dynamic
response ratio is determined by the feasible upper bounds of the CBIS parameters in the given
ranges. Mathematically, the optimal configuration for vibration control requires the stiffness ratio
and additional damping to be as large as possible. However, both are impossible to realize in actual
engineering. It is necessary to introduce appropriate boundary conditions or constraints for practical
optimization processes.

When the additional damping ratios are fixed, for example ξ = 0.05, 0.1, closed contour lines can
be obtained (as shown in Figure 6). A very low point implies that the parameter set for optimal control
can always be found in the inner part of every contour. This means that optimal solutions lie within
the inner part of the parametric space. When the stiffness ratio closes to 1, and the inertance–mass
ratio closes to 0.1, the displacement response reaches its lowest point. In this process, the optimal
additional damping ratio ξ remains unknown. Therefore, the selection of a rational parameter set for
the design of CBIS based on only the displacement response is difficult. However, for many situations,
the optimization will involve a recursive process in which the optimal configuration keeps updating
with a prescribed additional damping ratio ξ until the mitigation effect satisfies the objective.

 
(a) ξ = 0.05 (b) ξ = 0.1 

Figure 6. Displacement amplification factor of a CBIS-equipped SDOF structure with changes in
κ ∈ [0.01, 100] and μ ∈ [0.01, 1].

In Figure 6, the displacement responses reach their optimal points when the stiffness ratio closes
to 1, and the inertance–mass ratio closes to [0.1, 0.5],where the force response of the inerter system is
relatively large (as shown in Figure 7). In the optimization design, it is unreasonable to consider only
the structural displacement, or the force response provided by the inerter element. Therefore, both
the displacement responses and the inerter element’s force should be considered in the design of
CBIS. The demand-oriented multi-objective optimum design method will be introduced in the next
section, and the control force response of the CBIS will be brought into the optimization process as the
secondary objective.
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(a) ξ = 0.05 (b) ξ = 0.1 

Figure 7. Force amplification factor of the inerter system.

3.3. Multi-Objective H2 Norm Optimum Design

Three unknown parameters can be designed optimally according to performance demands.
An optimization method is proposed to achieve the desired performance levels (structure’s displacement
u) with low control output force (CBIS’s force f d). In other words, the goal is to suppress the displacement
of the structure as thoroughly as possible while minimizing the output force of the inerter system.
Therefore, both the displacement response and the CBIS force should be considered in the design
of this inerter system. Two dimensionless response variation ratios [32] are defined as: namely,
the displacement reduction ratio, γU and the force ratio, γFd , which can be expressed as:

γU(ζ,μ, ξ,κ) =
σU

σU0

=

√∫ ∞
−∞

∣∣∣HU(iω)
∣∣∣2dω√∫ ∞

−∞
∣∣∣HU0(iω)

∣∣∣2dω
, (26)

γFd(ζ,μ, ξ,κ) =
σFd

σFd0

=

√∫ ∞
−∞

∣∣∣HFd(iω)
∣∣∣2dω√∫ ∞

−∞
∣∣∣HFd0(iω)

∣∣∣2dω
. (27)

In these expressions, γU is the ratio of the CBIS-equipped structure’s displacement, compared with
the primary structure, and γFd is the dimensionless force of the CBIS. σU is the root mean square (RMS)
of the output displacement response of the structure equipped with CBIS, and σU0 is the displacement
response of the primary structure. σFd is the force of the RMS response of the structure equipped with
CBIS, and σFd0 is the force RMS response of the original structure.

∣∣∣HU0(iω)
∣∣∣ and

∣∣∣HFd0(iω)
∣∣∣ are the

displacement and damping force (caused by the inherent damping) transfer function moduli of the
original structure, respectively. The optimization of CBIS can be expressed mathematically as:

minimize
μ,ξ,κ

[
γU(μ, ξ,κ),γFd(μ, ξ,κ)

]
,

subject to

⎧⎪⎪⎪⎨⎪⎪⎪⎩
μmin ≤ μ ≤ μmax

ξmin ≤ ξ ≤ ξmax

κmin ≤ κ ≤ κmax

, (28)

where μ, ξ and κ are decision variables, and μmin, ξmin, and κmin are the lower bounds of μ, ξ and κ,
while μmax, ξmax, and κmax are the upper bounds, respectively. Multi-objective optimization (MOO)
is used to find the boundary of the feasible criterion space where all optimal points lie: namely,
Pareto Front (shown in Figure 8). On this boundary, there are many points. Based on the demanding
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performance, a reasonable optimization parameter for γU ≤ 40% and the corresponding γFd can be
found. Furthermore, a set of parameters was selected for time domain analysis, as shown in Table 1.

Figure 8. Pareto optimal front.

Table 1. Results of performance-based design optimization.

Optimized Design Parameters
Displacement

Response Ratio
Force Ratio

Energy Dissipation
Efficiency

Inertance-mass ratio Damping ratio Stiffness ratio γU γFd ψ
0.0198 0.1065 1.2728 0.40 2.1375 8.7517

One of the advantages of a CBIS over a viscous element is that it can enhance the energy dissipation
efficiency. The energy dissipation enhancement mechanism is described by the factor ψ [32] (shown in
Table 1), which equals the ratio of the response mitigation of an SDOF structure with CBIS to that of an
SDOF structure with a viscous element having the same additional damping coefficient as the CBIS,
that is:

ψ =
σU0(ζ) − σU(μ, ξ,κ)
σU0(ζ) − σU0(ζ+ ξ)

. (29)

The degree of the energy dissipation enhancement of the CBIS can be adjusted by adding the
following supplementary constraint condition to the optimization problem by:

ψ ≥ ψ0, (30)

where ψ0 is a constant during and the recommended range 1< ψ0 ≤2, according to the many numerical
case studies [32]. Here, ψ is 8.7517, which means that the inerter element has fully played its role, and,
in the case of the same additional damping ratio, the energy dissipation efficiency of CBIS is 8.7517 times
that of a purely viscous element. To illustrate the effects of CBIS on the seismic performance in the
time domain, dynamic time–history analyses were conducted to further verify the design results under
harmonic excitation and seismic excitations. Four seismic waves are used as external excitations—the
El Centro record (1940, NS), the ground motion recorded at Tohoku University during the 2011 Tohoku
earthquake (M = 9.0, PGA = 3.33 m/s2), Kobe record (1995) and Chi–chi record (1999). The Tohoku
wave occurred on 11 March 2011 and was part of the most powerful known earthquake in Japan.
For the SDOF structure, the inherent damping ratio is ζ = 0.02. The natural period on the rigid base is
1.00 s.
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3.3.1. Harmonic Excitation

Using the performance-based optimization results in Table 1, the controlled and uncontrolled
responses of the structure are compared under harmonic excitations. The natural frequency of
the structure is 1 Hz and the frequency range of harmonic excitations is 0–3 Hz. Figure 9 shows
displacement amplification factors of the uncontrolled and a CBIS-equipped SDOF structure. The peak
value reduction effect is 71.75%. The response of a structure at the resonant frequency is significantly
reduced by the CBIS.

Figure 9. Displacement amplification factors.

3.3.2. Earthquake Excitation

Figures 10 and 11 show the SDOF structures’ acceleration and displacement responses. The peak
value and RMS value of the displacement and acceleration responses were chosen to evaluate the
vibration mitigation performance of CBIS. These values are both important controlling indices in
structural vibration control. The peak value reflects the dynamic response at a certain instant, whereas
the RMS value indicates the vibration energy and reflects the responses over an entire period.

 
(a) 

 
(b) 

Figure 10. Cont.
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(c) 

 
(d) 

Figure 10. Acceleration response time histories for two test frame roofs during (a) the El Centro wave,
(b) the Tohoku wave recorded by Tohoku University, (c) the Kobe record and (d) the Chi–chi record.

 
(a)

 
(b)

 
(c) (d)

Figure 11. Displacement response time histories for two test frame roofs during (a) the El Centro wave,
(b) the Tohoku wave recorded by Tohoku University, (c) the Kobe record and (d) the Chi–chi record.

The vibration reduction effect is defined as:

Reduction effect =
Response of uncontrolled structure−Response of controlled structure

Response of uncontrolled structure × 100%. (31)

The results are listed in Tables 2 and 3. The reduction effects were favorable under the El Centro
wave, Tohoku wave, Kobe record and Chi–chi record. The best vibration control effects for the peak
and RMS values of the acceleration responses were 52.08% and 45.71% (marked in bold), respectively.
The values for the displacement responses were 55.56% and 52.50%, respectively.
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Table 2. Acceleration responses at the roof of the test frame (m/s2).

Seismic Input
El Centro Record

The Tohoku
University Record

Kobe Record Chi–Chi Record

Peak RMS Peak RMS Peak RMS Peak RMS

Uncontrolled 8.77 1.74 16.59 1.85 25.47 4.75 2.44 0.35
Controlled 4.75 1.04 7.95 1.16 14.14 2.91 1.55 0.19

Reduction effects (%) 45.84 40.23 52.08 37.30 44.48 38.74 36.48 45.71

Table 3. Displacement responses at the roof of the test frame (m).

Seismic Input
El Centro Record

The Tohoku
University Record

Kobe Record Chi–Chi Record

Peak RMS Peak RMS Peak RMS Peak RMS

Uncontrolled 0.168 0.040 0.396 0.046 0.646 0.129 0.053 0.009
Controlled 0.077 0.019 0.176 0.026 0.327 0.081 0.032 0.005

Reduction effects (%) 54.17 52.50 55.56 43.48 49.38 37.21 39.62 44.44

3.4. Ignoring the Flexibility of the Cable

To simplify the CBIS analytical model, the flexibility of the cable is neglected as shown in Figure 12.

 

Figure 12. Simplified analytical model of the CBIS-equipped SDOF structure.

Consider this simplified CBIS-equipped SDOF structure as a model with no connection element
flexibility. The relationship between the axial deformation of the cable and the rotational angle of the
shaft is expressed as:

ϕ(t) =
u(t) cosθ

r0
. (32)

The equation of motion for an SDOF model with a CBIS is given by:(
m +

J cos2 θ

r02

)
..
u(t) +

(
c0 + cd cos2 θ

) .
u(t) + ku(t) = −mag(t). (33)

In Equation (33), J cos2 θ
r02 is md, which is namely the inertance of the inerter. From Equation (33),

it can be understood that the utilization of CBIS induces the elongation of the natural period and
increases the damping effect. The mass of the primary structure is affected, while the stiffness of the
overall structure remains unaffected. By using the Laplace transformations, the transfer function can
be easily obtained as:

HU(s) =
U(s)
Ag(s)

=
−1

(1+μ)s2 + (2ζωs + 2ξωs cos2 θ)s +ω2
s

. (34)

We assume a single-floor frame structure, which can usually be treated as an SDOF structure.
The key parameters of the structure and the inerter system are as follows: inherent damping ratio is ζ
= 0.02, the tilt angle of the cable is θ = π/4, the inertance–mass ratio is μ = 0.1, 0.2, and the damping
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ratio is ξ = 0.01, 0.05, 0.1. By using these parameters, the displacement amplification factor can be
plotted as shown in Figure 13.

 

Figure 13. Displacement amplification factors of the SDOF structure with different inerter systems.

Figure 13 shows that inerter systems can significantly suppress the resonant response in a
narrow band near the natural frequency of the primary structure but does not impact the other range
of frequencies.

4. Conclusions

A novel inerter system for vibration control, which uses tension-only cables for
translation-to-rotation conversion, was proposed in this paper. This device can be put into practical
use with an inertia mass amplification element, enabling it to simultaneously achieve the displacement
amplification effect. To study the performance of a CBIS on the seismic response mitigation of structures,
the motion equations, both with and without flexibility of the cable, were derived and studied based
on parametric analysis.

CBIS has the potential for seismic rapid retrofit of structures due to their easy installation and
adaptive deployment. In this system, cables are used to convert translational deformation of the
primary structure into the rotational motion of the fly wheels; thus, small actual mass can be amplified
to large inertance by several hundred times. The proposed cable-bracing system can be adjusted
for various frame configurations and design capacities. It can be installed in any direction and
part of the structure as long as there exists relative deformation, not limited to horizontal vibration.
This cable-bracing system uses simple connections with rapid and adjustable installation. It has the
advantages of lower construction cost and easy replacement. The CBIS with a non-contacting damping
mechanism shows excellent performance in the adjustable damping ratio by varying the air gap
between the permanent magnet and the conductor.

The CBIS is an effective structural response mitigation device used to mitigate the response of
structural systems under dynamic excitation. The peak and RMS responses of the SDOF structure
were reduced after they were equipped with this system. To obtain a more rational parameter set for
practical design, the demand-oriented multi-objective optimum design method is used to find the
boundary of the feasible criterion space. Using the proposed method, the parameters of the CBIS can
be effectively designed to satisfy the target vibration mitigation effects.

The vibration mitigation effect of an SDOF structure with the inerter system was analyzed
in this paper. Future research will explore its application to multi-degree of freedom structures.
Currently, a physical realization of the CBIS has been developed, and experimental verifications,
including free vibration and shaking table tests, are underway.
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Abstract: The beneficial mass-amplification effect induced by the inerter can be conveniently
used in enhanced variants of the traditional Tuned Mass Damper (TMD), namely the Tuned
Mass-Damper-Inerter (TMDI) and its special case of Tuned Inerter Damper (TID). In this paper, these
inerter-based vibration absorbers are studied for mitigating the wind-induced response of high-rise
buildings, with particular emphasis on a 340 m tall building analyzed as case study. To adopt a
realistic wind-excitation model, the analysis is based on aerodynamic forces computed through
experimental wind tunnel tests for a scaled prototype of the benchmark building, which accounts for
the actual cross-section of the structure and the existing surrounding conditions. Mass and stiffness
parameters are extracted from the finite element model of the primary structure. Performance-based
optimization of the TMDI and the TID is carried out to find a good trade-off between displacement-
and acceleration-response mitigation, with the installation floor being an explicit design variable in
addition to frequency and damping ratio. The results corresponding to 24 different wind directions
indicate that the best vibration mitigation is achieved with a lower installation floor of the TMDI/TID
scheme than the topmost floor. The effects of different parameters of TMD, TMDI and TID on
wind-induced displacement and acceleration responses and on the equivalent static wind loads
(ESWLs) are comparatively evaluated. It is shown that the optimally designed TMDI/TID can achieve
better wind-induced vibration mitigation than the TMD while allocating lower or null attached mass,
especially in terms of acceleration response.

Keywords: tuned mass damper; inerter; high-rise buildings; wind tunnel test; wind-induced response;
structural control; synchronous multi-point pressure measurement

1. Introduction

In 2018 alone, 143 tall buildings having height of more than 200 m have been constructed, which set
up a new record for the annual completion of high-rise buildings around the world. The total number
of such buildings reached 1497 up to now based on the statistics from the Council on Tall Buildings and
Urban Habitat [1]. These high-rise buildings are very sensitive to wind loads especially in hurricane
prone regions. Wind loads may induce large displacement and acceleration responses, which may cause
higher stresses in the structural members and discomfort to building occupants. Shape optimization
was put forward to improve aerodynamic performance of tall buildings and suppress wind-induced
responses [2–6]. However, methods of structural modification sometimes limit the usage of building
space (setback of cross-section) [7]. As an alternative, installation of passive vibration control devices,
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e.g., fluid-viscous dampers [8–13], Tuned Mass Damper (TMD) [14,15], Multi Tuned Mass Damper
(MTMD) [16] distributed TMD [17,18], and Tuned Liquid Column Damper (TLCD) [19–21], was
widely used to suppress wind-induced responses. Other attractive and effective implementations of
un-conventional TMD schemes were also recently proposed that take advantage from claddings and
facades in buildings [22,23]. Further researches based on the wind tunnel test [14–31] and full-scale
monitoring [27,32] were performed to evaluate the mitigation effect of TMD on wind-induced responses.

It is widely recognized that the effectiveness of TMD to mitigate vibrations depends heavily
on its mass. In general, the larger the attached TMD mass that can be accommodated, the more
effective and robust the TMD becomes for vibration control [33–35]. However, the attached mass of
TMD in high-rise buildings rarely exceeds 0.5% of the total primary mass because of structural and
architectural constraints in practical projects [36]. For example, TMD systems of Ping-An Finance
Center in Shenzhen City, China, have a weight of 1000 t including mass blocks and supporting-frame
structures [37]. The mass of TMD installed in Taipei 101 Tower reaches 660 t. It has the diameter of 6 m
and occupies the space from the 87th to 91st floor, including the supporting cables [38]. The TMD not
only occupies valuable space of top floors of high-rise buildings but also increases construction cost
because of its enormous mass. Motivated by these practical aspects, inerter-based vibration absorbers,
e.g., TID and TMDI, were recently proposed to mitigate the vibrations of structure. Lazar et al. [39,40]
presented a novel inerter-based vibration absorber system termed as tuned inerter damper (TID). The
TID takes advantage of the “mass amplification effect” of the inerter, a two-terminal device of negligible
mass/weight whose internal force can reasonably be assumed proportional to the relative acceleration
of its two terminals [41]. Acting as an additional, apparent mass, the inerter can modify the inertial
properties of the system. Therefore, the TID represents a lower-mass and more effective alternative
to the TMD, as it can achieve comparable or even higher vibration suppression level by significantly
reducing the attached mass. Marian and Giaralis [42] unified both TMD and TID scheme by proposing
an effective passive control system termed Tuned Mass-Damper-Inerter (TMDI). The TMDI scheme
will degenerate into TMD and TID by decreasing the inertance ratio and mass ratio to zero, respectively.
Most of the recent research has been directed towards optimal design and performance evaluation of
inerter-based systems for seismic protection of building structures [39,43–51], wind turbine towers [52]
and storage tanks [53], for vibration suppression of cables [40], and for mitigation of vortex-induced
vibration in long-span bridges [54]. A few earlier studies also suggested the use of TID [55] and
TMDI [36,56] to suppress wind-induced vibration in high-rise buildings. Giaralis and Petrini [36]
investigated wind-induced vibration mitigation of a 74-story benchmark building equipped with
TMDI using a frequency-domain stochastic approach, based on empirical power spectral density (PSD)
matrix of across-wind aerodynamic force [57]. Their results indicated that the TMDI reduced the peak
top-floor acceleration more effectively than the TMD but employing smaller attached-mass values,
especially for some selected topologies of installation. Additionally, they showed that the inclusion of
the inerter dramatically reduced the TMD stroke. In this regard, it is worth noting that across-wind
aerodynamic forces in high-rise buildings are induced by vortex shedding which highly rely on the
actual cross section of the building [57]. Moreover, the empirical PSD of across-wind aerodynamic
force adopted in [36] is not applicable when surrounding buildings exist, such that wind directions are
not consistent with coordinates of structures.

This research work falls into the same research line as the previous papers, but it uses a different
wind-excitation model underlying an alternative time-domain analysis perspective. More specifically,
in this paper synchronous multi-point pressure measurements from wind tunnel tests of a scaled
high-rise building of height 340 m are carried out. This allows the definition of a more appropriate set
of aerodynamic forces that are consistent with the actual cross-section of the benchmark building and
with the existing surrounding conditions. The time histories of aerodynamic forces at each story are
determined along 24 different wind directions from 0◦ to 345◦ at an interval of 15◦. Performance-oriented
optimization of parameters of both the TMDI and the TID are carried out to find out the optimal
parameters of corresponding vibration mitigation device to suppress wind-induced responses with an
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eye for practical aspects like frequency ratio, damping ratio and placement of TID/TMDI. Combining
aerodynamic forces from wind tunnel tests, structural dynamic characteristics (mass and stiffness
of the building) extracted from the finite element model of the primary structure and parameters of
optimally-designed TMDI and TID, a time-domain mathematical model of the benchmark building is
used in this study for analyzing the wind-induced responses under the assumption of linear elastic
behaviors. The effects of TMDI and TID on wind-induced displacement and acceleration responses
and on ESWLs are studied and compared with results of the benchmark building equipped with
classical TMD that shares the same physical mass as the former two inerter-based vibration absorbers
(the physical mass denotes the attached mass in the TMD case, and the sum of mass of inerter devices
and attached mass in the inerter-based vibration absorbers).

2. Equations of Motion and Preliminary Concepts

According to the sketch in Figure 1, let us consider a high-rise building modeled as a lumped-mass
system, equipped with a linear TMDI comprising an attached mass mt that is connected to the primary
structure via linear spring and dashpot elements, kt and ct, respectively. The TMDI mass is placed in
series with one or several linear inerters (of inertance b in sum) whose two terminals are denoted as 1
and 2, respectively. The first terminal 1 is connected to the attached mass mt, while the second terminal
2 can be attached to another floor along the building height. The building is subject to a wind-induced
excitation field represented by a set of forces acting at each floor of the discretized system. Adopting a
standard matrix-vector notation, the equations of motion of this n-story lumped-mass system can be
written in the following form

M
..
u(t) + C

.
u(t) + Ku(t) = p(t) (1)

where
..
u(t),

.
u(t), u(t) represent the acceleration, velocity, and displacement vectors, respectively, and

p(t) is the vector of the corresponding aerodynamic forces applied at the center of mass of each floor
slab. All these vectors are (n + 1)-dimensional, as this is the total number of degrees of freedom
(DOFs) of the n-story building equipped with TMDI. We assume all these vectors are augmented by
one last (bottom) row containing the kinematic terms related to the TMDI DOF for

..
u(t),

.
u(t), u(t)

and containing a zero entry for the aerodynamic force vector p(t). Aerodynamic loading can be
obtained from wind tunnel test measurements by synchronous multi-point scanning of pressures on
the high-rise building model. In Equation (1), M, C, K are the mass, damping and stiffness matrices
of the TMDI-equipped structure, respectively. When the TMDI is installed at the tth floor and has a
so-called “−p” topology (meaning that the second terminal of the inerter is attached to a floor t− p),
these matrices can be expressed as:

M = Mn+1
s + (mt + b)1n+11T

n+1 + b 1t−p1T
t−p − b

(
1n+11T

t−p + 1t−p1T
n+1

)
C = Cn+1

s + ct
(
1n+11T

n+1 + 1t1T
t − 1n+11T

t − 1t1T
n+1

)
K = Kn+1

s + kt
(
1n+11T

n+1 + 1t1T
t − 1n+11T

t − 1t1T
n+1

) (2)

where Mn+1
s , Cn+1

s , Kn+1
s ∈ R(n+1)×(n+1) represent the augmented mass, damping and stiffness matrices

of the primary structure, respectively, constructed by adding one last (bottom) row with zero entries
and one last (rightmost) column of zero entries in the original matrices Ms, Cs, Ks ∈ R

n×n. All the
vectors 1j ∈ R(n+1)×1 are constructed such that only the jth entry is equal to one while all the remaining
entries are equal to zero (the superscript T indicates transpose operator). The above equations also
apply to a TMD-equipped structure (without inerter), which is retrieved by setting b = 0 in the mass
matrix. In the same way, a TID scheme as series-Parallel Layout 1 Inerter system proposed in [50]
can be obtained by setting mt = 0 (without attached mass). Besides the (t− p)th entry in the diagonal
of the augmented mass matrix, the presence of the inerter modifies the mass matrix by introducing
certain non-diagonal inertial coupling terms between the (n + 1)th DOF of the attached mass and the
DOF of the (t− p)th floor. Inerter topologies in which the inerter spans more than one story (p > 1)
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may be realized with pendulum-like implementations like in the Taipei 101 skyscraper (p = 4 for 87th
floor to 91st floor). Such inerter topologies or installation configurations, earlier studied in [36], were
found to achieve higher vibration control effectiveness. This was intuitively motivated by the fact
that the motion of two non-consecutive floors is seemingly less correlated: therefore, the inerter is
likely to undergo higher relative accelerations at its two terminals than if it were installed between two
consecutive floors, thus experiencing higher engagement (larger forces for equal inertance value b).

 
Figure 1. Sketch of Tuned Mass Damper-Inerter (TMDI)-equipped high-rise building modeled as a
linear lumped-mass system.

By inspection of Equations (1) and (2) it is worth pointing out the following distinctive aspects in
comparison with the earlier study by Giaralis and Petrini [36]: (i) The analysis is here conducted in
the time domain since the aerodynamic forces are identified by wind tunnel tests of the benchmark
building, whereas Giaralis and Petrini operated on a frequency-domain stochastic approach based on
an empirical PSD for the across-wind force field; (ii) The formulation in Equation (2) slightly extends
that developed by Giaralis and Petrini since the TMDI should not necessarily be placed at the topmost
floor, but it can installed at a generic tth floor. Although it is customary to attach the TMD at the top
floor because of its widely recognized effectiveness to control the fundamental mode in multistory
buildings [58], this installation configuration might be not feasible in some practical projects because
of potential structural or architectural constraints. The installation of traditional TMD at different
floors, not just at the topmost floor, was recently investigated by Elias and Matsagar [29]. For TMDI,
Ruiz et al. [59] and Giaralis and Taflandis [48] also assessed the influence of installation floor on its
performance, although they did not explicitly consider the installation floor as one of the variables
to be optimized. Additionally, the inerter might be unable to exert its due performance because the
relative peak acceleration does not always occur between the top floor and the (n− p)th floor. This is
why in this study we have directly set the installation floor as one of the design variables of the
inerter-based vibration absorber within parametric optimizations, which represents another novel
aspect in comparison with definitions of optimization problem in previous literature studies.
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The TMDI-equipped structure may have non-proportional damping. Therefore, it is convenient to
transform Equation (1) into state space variable form that is more suitable for complex modal analysis

A
.
z(t) + Bz(t) = f(t) (3)

where z(t) = [u(t),
.
u(t)]T is the state space variable vector and the matrices A, B and the vector f(t)

are expressed as

A =

[
C M

M 0

]
, B =

[
K 0
0 −M

]
, f(t) =

[
p(t)

0

]
. (4)

From Equations (3) and (4), after performing complex modal analysis it is possible to determine
the transfer function of the system response to assess wind-induced response mitigation induced by
the TMD\TMDI\TID. In particular, the transfer function of the displacement and acceleration response
at the pth DOF induced by forces at the qth DOF can be expressed in the following forms, respectively

Hpq
D( jω) =

n+1∑
k=1

(
ϕpkϕqk

ak( jω−sk)
+

ϕ∗pkϕ
∗
qk

a∗k( jω−s∗k)

)
Hpq

A ( jω) =
n+1∑
k=1

(
−ω2ϕpkϕqk

ak( jω−sk)
+
−ω2ϕ∗pkϕ

∗
qk

a∗k( jω−s∗k)

) (5)

where ϕpk, ϕqk are the values of the pth and qth degree of freedom, respectively, in the kth complex
mode shape, while ϕ∗pk and ϕ∗qk represent the conjugate values of ϕpk and ϕqk, respectively. In Equation
(5) sk and s∗k denote the complex eigenvalue and its conjugate value, respectively, while ak and a∗k are
coefficients determined as follows

ΦTAΦ = diag
{

a1 · · · ak · · · an+1 a∗1 · · · a∗k · · · a∗n+1

}
(6)

where Φ is the modal shape matrix collecting the eigenvectorsφ i. According to the complex mode
superposition approach, the state space vector response z(t) (under the assumption of zero initial
conditions) can be expressed as

z(t) =
2n+2∑
i=1

φi qi(t)

z(t) =
n+1∑
i=1

⎛⎜⎜⎜⎜⎝φi
ai

t∫
0

Fi(τ)esi(t−τ)dτ+ φ∗i
a∗i

t∫
0

F∗i (τ)e
s∗i (t−τ)dτ

⎞⎟⎟⎟⎟⎠ (7)

whereφ i andφ∗i represent the ith mode shape and its conjugate mode, respectively. The ith generalized
force and its conjugate are expressed as

Fi(t) = φi
Tf(t)

F∗i (t) = φ
∗
i
Tf(t)

(8)

Once the wind-induced displacement responses are calculated, they are utilized to predict
equivalent static wind loads by the method of Displacement Gust Loads Factor (DGLF) [60]:

Feswl(z) = G(z)P(z) (9)

where P(z) is the mean wind load, which can be obtained by pressure measurements from wind tunnel
test, and G(z) is the DGLF, which considers effects of structural dynamic characteristics on response.
In the DGLF method, G(z) is evaluated in terms of the expected extreme and mean displacement:

G(z) =
D̂(z)

D(z)
(10)
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where D(z) and D̂(z) are the mean and expected extreme displacement, respectively, at the structural
height z. The expected values of extreme displacement and acceleration used are D̂(z) = μdis + gσdis
and D̂acc(z) = gσacc, respectively, where g = 3.5 is the peak factor estimated from the widely used
empirical formula given by Davenport [61].

3. Description of the 340 m Tall Building and Wind Tunnel Testing

The primary structure has 69 stories and total height of 340 m. This benchmark building represents
the Qiaokou tower, located in Wuhan City, China, built in 2012. The photograph of the building and the
main peculiarities of its structural configuration are presented in Figure 2.

 

Figure 2. Photograph of the 340 m tall building (left) and plan view (right).

The mass distribution of the primary structure, including dead load and live load, has been
extracted from the finite element model of the building and is reported in Figure 3a. Similarly,
the distribution of the lateral stiffness along the x-axis, which is much smaller than that along the y-axis,
has been extracted from the finite element model as well, and is presented in Figure 3b. Mass and
stiffness matrices can be established in terms of mass and lateral stiffness distributions. It is worth
noting that the developed model of the case study building accounts for the primary structural
elements only. The presence of secondary structural components (here not considered for simplicity)
could slightly modify the results in terms of interstory displacements and could add some stiffening
contributions in the overall building model.
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(a) (b) 

Figure 3. Dynamic properties of the benchmark building extracted from the finite element model:
(a) mass distribution; (b) lateral stiffness distribution.

The full damping matrix Cs of the original structure (without vibration absorber) has been
calculated from the modal damping matrix Cmod [62]:

Cs =
(
ΦT

)−1
Cmod(Φ)−1 (11)

where Φ is the modal shape matrix of the original structure. The modal damping matrix Cmod ∈ Rn×n

is a diagonal matrix collecting the modal damping ratios and can be calculated as follows

Cmod(k, k)= 2ξkωk
(
ϕT

k Msϕk
)
; k = 1, 2, . . . , 69 (12)

where ωk,ϕk are the kth natural frequency and vibration mode, respectively. The kth modal damping
ratio of the system ξk is taken equal to 1% for k = 1, 2, 3; 4% for k = 4, 5, 6; 6% for k = 7, 8, 9, 10; 9% for
k = 11, 12, . . . , 20; 12% for k = 21, 22, . . . , 40; 15% for k = 41, 42, . . . , 60; 18% for k = 61, 62, . . . , 69. These
values were selected based on available field-recorded of high-rise steel framed buildings in the [0–7]
Hz frequency range [63]. The main dynamic parameters of the primary structure are listed in Table 1.

Table 1. Main dynamic parameters of the primary structure.

Total Mass M First-Order Natural
Frequency along x-axis ω1

First-Order
Generalized Mass

First-Order Damping
Ratio (Assumed)

231,659 t 0.176 Hz 61,287 t 1%

The synchronous multi-point pressure tests of the building with existing surrounding conditions
were performed in boundary layer wind tunnel tests (shown in Figure 4) under a simulated C type
wind field corresponding to China load code for the design of building structures [64], which reflects
the characteristics of the wind field in urban areas. The profiles of mean wind speed and turbulence
intensity are shown in Figure 5a. The reference coordinates of the wind tunnel test and wind-induced
response analysis are shown in Figure 5b. 24 wind directions are considered in this study, which are
identified by a βw angle (between wind axis and x-axis) ranging from 0◦ to 345◦ at an interval of 15◦.
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Figure 4. The rigid building model with existing surrounding conditions mounted in the wind tunnel
lab of Shantou University from two different perspectives.

 
(a) (b) 

α

z/
z r

U/Ur

IU   

Figure 5. Wind model characteristics: (a) wind profile; (b) definition of coordinates.

When the wind direction βw is 0◦ and 90◦, the wind is blowing from the positive direction of
the x and y axes, respectively. The parameters of wind tunnel tests are listed in Table 2. By properly
scaling wind tunnel test results, the wind pressure coefficients firstly were transferred into wind
aerodynamic pressure on the full-scale building, and then aerodynamic pressure in the prototype
building was integrated at the base of the tributary area of each pressure tap to obtain the aerodynamic
force component of each floor along the x-axis.

Table 2. Wind tunnel test parameters.

Geometric
Scale

Wind Speed
Sampling
Frequency

Sampling
Length

Incremental
Step

Measuring
Taps

1:350 12 m/s 312.5 Hz 20,480 15◦ 471

In Figure 5a, α (the exponent of power law formulation for vertical mean wind profile)
corresponding to C type wind field is 0.22 in China load code for the design of building structures [64],
IU represents the turbulence intensity, U is the wind speed, and Ur is the wind speed at the
reference height.
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Samples of aerodynamic force time histories acting on two stories (30th and 50th) along the
x-axis are depicted in Figure 6 corresponding to 90◦ wind direction and wind velocity equal to
42.02 m/s. Figure 6 indicates that mean wind loads approach to zero, which is expected for across-wind
aerodynamic forces mainly induced by vortex shedding.

Figure 6. Time histories of aerodynamic forces on typical stories corresponding to 90◦ wind direction.

4. Wind-Induced Response Mitigation Using Inerter-Based Vibration Absorbers

4.1. Optimization of the Parameters of the TMDI/TID Scheme Applied to the Benchmark Building

To compare the vibration mitigation effect of optimal TMD, TMDI and TID, performance-based
optimizations for parameters of TMDI and TID were conducted to obtain the best TMDI/TID scheme.
At the same time, the influence of variations of parameters in preset intervals on the vibration mitigation
effect is also investigated.

In the mathematical model of TMD/TMDI/TID-equipped structure as described in Equations (1)
and (2), vibration absorbers are introduced to control the wind-induced response along the x-axis, which
is the most critical direction due to the lower lateral stiffness of the building (higher oscillations are
expected). As the largest displacement and acceleration responses at the top floor of primary structure
occurs at wind direction of 90◦, the peak displacement and acceleration at the top floor induced by
aerodynamic forces at this wind direction are selected to be the two individual objective functions.

From Equation (2), there are totally six parameters of TMDI, i.e., μ, β, υ, ζ, p and t, that need
to be fixed to calculate the wind-induced responses of TMDI-equipped structure (5 parameters for
TID). The two mass related notation, i.e., mass ratio and inertance ratio, are defined as μ = mt/M and
β = b/M, respectively. The frequency ratio is defined as:

υ =
ωt

ω1
=

√
kt

(mt + b)
/ω1 (13)

where ωt is the circular frequency of TMD, TMDI or TID, and ω1 is the first order circular frequency of
the primary structure. The damping ratio is defined as:

ζ =
ct

2
√
(mt + b)kt

(14)

The other two discrete parameters are the topologies of inerter and the installation floor of vibration
absorber as denoted in Equation (2).

To shed light on the better vibration mitigation effect of inerter-based vibration absorbers, the
physical mass ratio μphy of TMD, TMDI and TID are defined below and fixed to the same value equal
to 0.5%:

μphy = μ+ β/200 = mTMD, TMDI or TID/M = 0.5% (15)
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In the above-introduced physical mass ratio, not only the physical mass of the TMD (named as the
attached mass), but also the physical mass of the inerter device is taken into consideration in the TMDI
and TID schemes. Indeed, when dealing with large values of inertance (apparent mass of the inerter) in
the order of tons, which might be the case for high-rise buildings, the physical mass of the inerter turns
out to be non-negligible, whereas the majority of the literature studies ignored this term. In Equation
(15), the physical mass ratio is constrained to be 0.5% based on the same threshold of TMD mass ratio
proposed in [36], and the ratio of the inertance coefficient and physical mass of inertance devices is
assumed to be 200 following the previous research about the “mass-amplification” effect of inerter [65].
Therefore, the mass-related parameter of the three vibration absorbers can be determined, i.e., TMD
(μ = 0.5%), TMDI (μ = 0.25%, β = 50%) and TID (β = 100%). This makes it possible to compare three
different configuration schemes sharing a common physical mass ratio for wind-induced response
mitigation of the benchmark building. According to the conclusion from previous research that inerter
devices spanning more stories lead to a better mitigation effect of the TMDI, the value of the topologies
is determined to be p = 4 in the optimization procedure, based on practical considerations like in the
pendulum-like TMD scheme implemented in the Taipei 101 (spanning from 87th floor to 91st floor).

4.1.1. Optimization of Parameters of TMDI

As stated above, the displacement- and acceleration-based optimization of the three parameters,
i.e., frequency ratio, damping ratio and floor of installation, can be expressed as Equations (16) and (17),
respectively. The preset intervals of three parameters are determined based on practical considerations
and results of previous researches [35,50]⎧⎪⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎪⎩

minimize f1(υ, ζ, t) = D̂dis
s.t. μ = 0.25%, β = 50%,−p = −4,

υ ∈ [0.7, 1.2], ζ ∈ [0, 20%],
t ∈ [30, 58]

(16)

⎧⎪⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎪⎩
minimize f2(υ, ζ, t) = D̂acc

s.t. μ = 0.25%, β = 50%,−p = −4,
υ ∈ [0.7, 1.2], ζ ∈ [0, 20%],
t ∈ [30, 58]

(17)

where D̂dis and D̂acc are the peak displacement and acceleration at the top floor at wind direction of 90◦.
It is worth noting that the installation floor t represents an explicit design variable of the constrained
optimization problem stated in Equations (16) and (17).

For such an optimization of three variables, i.e., υ, ζ and t, a three-dimensional space representation
is proposed where the three variables are set to be the orthogonal axes and the value of corresponding
object (peak responses) is expressed by different colors. To present a clear vision of the distributions of
the colors in a 3D space, sliced contours from three aspects were plotted as shown in Figure 7.

 
(a) 

Figure 7. Cont.

49



Appl. Sci. 2019, 9, 5045

 
(b) 

 
(c) 

Figure 7. Peak displacement (left) and acceleration (right) at top floor of TMDI-equipped structure at
wind direction of 90◦ in the υ− ζ− t space. (a) Distributions of peak displacement (left) and acceleration
(right) at constant frequency ratios (υ = 0.7, 0.8, 0.9, 1.0, 1.1, 1.2). (b) Distributions of peak displacement
(left) and acceleration (right) at constant damping ratios (ζ = 6%, 12%, 18%). (c) Distributions of peak
displacement (left) and acceleration (right) at constant floor of TMDI installation (t = 30, 37, 44, 51, 58).

From the sliced contour shown in Figure 7, the cool-color area represents the most efficient
combination of parameters, leading to the minimum value of the two specific response indicators.
The following conclusions can be drawn:

• For TMDIs which efficiently mitigate the wind-induced displacement responses, the optimal
frequency ratio lies around 1.1, which indicates that the frequency of optimal TMDI is close to the
first order frequency of the primary structure;

• The minimal peak displacement and acceleration are achieved when the damping ratios are 7%
and 10%, respectively;

• As for the optimal floor of installation of TMDI, it can be seen that the best vibration mitigation
effect is achieved when the TMDI is installed at the middle-upper portion of the benchmark
building (around 44th floor), and not in the conventional configuration of TMD, i.e., at the
topmost floor;

• For acceleration mitigation purpose, the optimal frequency ratio and installation floor of TMDI is
slightly larger than that of displacement-oriented optimization. Such differences may be justified
in view of the fact that the transfer function of acceleration is −ω2 times that of displacement,
which means that a better mitigation effect of acceleration can be realized by decreasing the
value of transfer function at higher frequency around the first peak under the same fluctuating
wind excitations.

Through the optimization results of TMDI at wind direction of 90◦ (the most adverse conditions),
a set of optimal tuning parameters of TMDI with good trade-off between displacement mitigation and
acceleration mitigation was selected by approximately averaging the two corresponding parameters
due to the smooth gradient between two optimal schemes of TMDI (as shown in Figure 8). The notations
Dismin and Accmin represent two configurations of TMDI that achieve the best displacement and
acceleration mitigation effect, respectively.
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(a) (b) 

Figure 8. Contour of (a) peak displacement (b) peak acceleration with variable frequency ratio, damping
ratio and floor of TMDI installation.

4.1.2. Optimization of Parameters of TID

Similar to the configurations of the optimization in Section 4.1.1, the optimization of parameters
of TID for mitigating peak displacement and acceleration at top floor can be expressed as Equations
(18) and (19), respectively. ⎧⎪⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎪⎩

minimize f1(υ, ζ, t) = D̂dis
s.t. β = 100%,−p = −4,

υ ∈ [0.7, 1.2], ζ ∈ [0, 20%],
t ∈ [30, 58]

(18)

⎧⎪⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎪⎩
minimize f2(υ, ζ, t) = D̂acc

s.t. β = 100%,−p = −4,
υ ∈ [0.7, 1.2], ζ ∈ [0, 20%],
t ∈ [30, 58]

(19)

The results of optimization of TID in υ− ζ− t space are displayed in Figure 9:

 
(a) 

Figure 9. Cont.
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(b) 

 
(c) 

Figure 9. Peak acceleration at top floor of Tuned Inerter Damper (TID)-equipped structure at wind
direction of 90◦ in the υ − ζ − t space. (a) Distributions of peak displacement (left) and acceleration
(right) at constant frequency ratios (υ = 0.7, 0.8, 0.9, 1.0, 1.1, 1.2). (b) Distributions of peak displacement
(left) and acceleration (right) at constant damping ratios (ζ = 6%, 12%, 18%). (c) Distributions of peak
displacement (left) and acceleration (right) at constant floor of TMDI installation (t = 30, 37, 44, 51, 58).

The similar trends of the distribution of the parameters of TID as that of TMDI can be observed
by comparing the Figures 7 and 9. For TID having inertance ratio of 100%, which is twice that of
TMDI, the highest reduction of displacement and acceleration responses is achieved when the damping
ratios are 12% and 19%, respectively, which are almost twice those of TMDI. The inerter devices in
TID scheme produce larger inertia, which corresponds to a better ability to store energy, thus the
corresponding requirement for dissipating rate of energy stored in both inerter and attached mass
increases at the same time. Based on the same considerations of determining the optimal parameters
of TMDI as shown in Figure 10, the configuration of the optimally-designed TID is determined and
listed in Table 3. Slightly different from the result of that of TMDI, the point inside the orange square,
which represents the selected configuration of TID, lies close to the dashed line due to the limitation of
discrete parameter, i.e., floor of TMDI installation.

  
(a) (b) 

Figure 10. Contour of (a) peak displacement (b) peak acceleration with variable frequency ratio,
damping ratio and floor of TID installation.
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Table 3. Design parameters of Tuned Mass Damper (TMD), Tuned Mass-Damper-Inerter (TMDI) and
Tuned Inerter Damper (TID) used for the comparative study.

Parameters TMD TMDI TID

TMD installation floor 58th floor 45th floor 45th floor
Effective mass ratio μe f f = μ+ β 0.5% 50.5% 100%

Physical mass ratio μphy = μ+ β/200 0.5% 0.5% 0.5%
Mass ratio μ 0.5% 0.25% \

Inertance ratio β \ 50% 100%
Frequency ratio υ 0.99 1.07 1.15
Damping ratio ζ 7% 9% 16%

TMDI topology −p \ −4 −4

Apart from the two inerter-based vibration absorbers, the optimal parameters of TMD with
fixed mass ratio equal to 0.5% (and, thus, equal physical mass ratio to that of the TMDI and TID) are
determined by performing the same optimization procedure.

As stated above, the optimal parameters of TMD, TMDI and TID in a comparison group are listed
in Table 3. It can be seen that the TMDI and TID scheme benefit a lot from the inerter system on the
effective mass.

Once the optimal parameters of the TMD/TMDI/TMD are selected, the corresponding mass,
damping and stiffness matrices can be determined according to Equation (2). Therefore, the transfer
function of displacement and acceleration response as per Equation (5) can be computed to assess the
effects of TMD/TMDI/TID in mitigating the wind-induced response. Figures 11 and 12 present the
modulus of the transfer function of displacement and acceleration responses, respectively, at the 69th
story (top floor) of the benchmark 340 m tall building subject to the aerodynamic forces consistent with
the wind tunnel test measurements.

 
Figure 11. Displacement transfer function at top floor for different structural control schemes.
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Figure 12. Acceleration transfer function at the top floor for different structural control schemes.

In Figure 11, the first peaks of displacement transfer function of the original structure, structure
with TMD, TMDI and TID appear around the first natural frequency (1.10 rad/s, consistent with
0.176 Hz reported in Table 1). The peak of the original structure (in dark cyan) is much higher than
that of three other vibration absorber equipped structures, i.e., TMD-equipped structure (in blue),
TMDI-equipped structure (in orange) and the TID-equipped structure (in red). Overall, Figure 11
indicates that TMD, TMDI and TID mitigate the displacement response corresponding to the first
vibration mode, and the mitigation effects of the TID are better than that of TMD and TMDI whose
physical mass ratios are the same as that of TID. Around the second and third natural frequencies,
the transfer function of the original structure overlaps with that of structure with TMD, while the
transfer function of the structure with TMDI is slightly lower, and the TID achieves the best mitigation
effect. For higher natural frequencies, transfer functions of the four cases are almost identical.

In Figure 12, the highest peak of the acceleration transfer function is observed around the
third natural frequency. All three vibration absorbers efficiently suppress (in a comparable manner)
wind-induced acceleration response corresponding to the first natural frequency with the optimal
frequency ratio between 0.99 and 1.15. These graphs demonstrate the advantages of the inerter-based
vibration absorbers in achieving a considerable wind-induced vibration mitigation in comparison to
the TMD by employing the same physical mass ratio.

4.2. Effects of the Inerter-Based Vibration Absorbers on Wind-Induced Displacements

After setting the parameters of the TMDI and TID systems, the M, C, K matrices can be calculated
by using Equation (2), respectively, hence the time histories of wind-induced displacements of
the TMDI- and TID-equipped benchmark buildings can be analyzed corresponding to wind speed
of 40.07 m/s (50-years return period stipulated by survivability limit state design) for each of the
24 wind directions from 0◦ to 345◦ according to Equation (8). Figure 13 represents a segment of the
displacement time-history response (for an overall duration of 20 min) at the 69th story corresponding
to 90◦ wind direction.
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Figure 13. Time histories of displacement at the 69th story along the x-axis corresponding to 90◦
wind direction.

Extreme wind-induced displacement response can be evaluated in terms of mean and Root
Mean Square (RMS) value for each of the 24 wind directions considered in this study. Figure 14
presents variation of extreme displacement responses (as per Equation (10)) along the building height
corresponding to three typical wind directions (0◦, 45◦ and 90◦). By inspection of Figure 14, it appears
clear that TMD, TMDI and TID significantly decrease the wind-induced extreme displacement responses.
The mitigation effects of TID are slightly better than that of TMD and TMDI. This demonstrates that
the inerter plays a significant role in the vibration mitigation of the structure.

  
(a) (b) 

Figure 14. Cont.
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(c) 

Figure 14. Profile of extreme wind-induced displacement response at the x-axis along the building
height corresponding to three different wind directions: (a) 0◦ wind direction. (b) 45◦ wind direction.
(c) 90◦ wind direction.

Figure 15 shows the variation of mean and extreme top-floor displacements corresponding to a
variety of wind directions ranging from 0◦ to 345◦. The maximum absolute displacement is smaller than
1/1500 of the height of the benchmark building, which justifies the linear elastic behavior assumption
made in this paper for the building dynamic model. Figure 15 indicates that three vibration absorbers
have no effects on mean displacement responses, which in fact coincide with those of the OS. The mean
displacement responses approach zero for wind direction corresponding to 90◦ and 270◦wind-direction,
because this corresponds to the across-wind response induced by the vortices shedding at both edges
of the windward side. For any other wind direction, TMD, TMDI and TID significantly suppress
wind-induced top-floor displacement responses along the x-axis. Based on Figures 13–15, it can be
concluded that TID with same physical mass ratio achieved a slightly better vibration mitigation effect
to the TMD and TMDI in terms of displacement response.

 
Figure 15. Mean and extreme top-floor displacement response at the x-axis corresponding to wind
directions ranging from 0◦ to 345◦.
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To quantify the mitigation effect of TMD, TMDI and TID, a factor of vibration-absorbing Fva is
defined as follows

Fva(%) =

∣∣∣∣∣ROS − RT

ROS

∣∣∣∣∣× 100 (20)

where ROS represents the response of the original structure, while RT denotes the corresponding
response indicator for the structure with TMD\TMDI\TID. Some relevant results for a few emblematic
wind directions and loading conditions are listed in Table 4. In particular, Table 4 presents the
vibration-absorbing factor for some typical conditions. For example, for wind direction of 90◦ the TID
has shown the best vibration mitigation effect among the three vibration absorbers: the Fva is equal to
38.02% for the TID, 34.01% for the TMD and 33.74% for the TMDI. The worst vibration-absorbing effect
of TID takes place for 330◦ wind direction, where the Fva with TID is only 11.94% and Fva with TMD
and TMDI are only 10.56% and 10.52%, respectively. The two inerter-based vibration absorbers share
a similar variation (vary synchronously) against wind excitations at different directions as it can be
observed from the curvilinear shapes of both TMDI and TID in Figure 15. This leads to the result that
the 1st and the 3rd, the 2nd and the 4th rows are identical. Generally, structural engineers are mainly
concerned about the maximum absolute value of extreme displacement. For example, in this study, the
maximum positive extreme top-floor displacement of the original structure is 0.23 m corresponding to
90◦ wind direction. The positive extreme displacement decreases from 0.23 m to around 0.14 m when
the TID is installed on the original structure. The negative extreme top-floor displacement occurs for
75◦ wind direction. The displacement drops from −0.21 m to −0.14 m when the TID is used to mitigate
the wind-induced vibration of the primary structure. The corresponding factor of vibration-absorbing
is 34.07%.

Table 4. Vibration-mitigation effects in terms of top-floor displacement response for some
loading configurations.

Selected Condition
Wind

Direction (◦) utop
OS

(m) utop
TMD

(m) utop
TMDI

(m) utop
TID

(m) F(TMD)
va F(TMDI)

va F(TID)
va

Minimum Fva
(TMDI) 330 −0.1608 −0.1438 −0.1438 −0.1416 10.56 10.52 11.94

Maximum Fva
(TMDI) 90 0.2293 0.1513 0.1519 0.1421 34.01 33.74 38.02

Minimum Fva
(TID) 330 −0.1608 −0.1438 −0.1438 −0.1416 10.56 10.52 11.94

Maximum Fva
(TID) 90 0.2293 0.1513 0.1519 0.1421 34.01 33.74 38.02

Max positive
displacement OS 90 0.2293 0.1560 0.1519 0.1421 34.01 33.74 38.02

Max negative
displacement OS 75 −0.2130 −0.1476 −0.1482 −0.1404 30.71 30.44 34.07

4.3. Effects of the Inerter-Based Vibration Absorbers on Wind-Induced Accelerations

Excessive wind-induced acceleration response may cause discomfort to building occupants
and poses serious serviceability issues [66]. Wind-induced accelerations of the benchmark 340 m
tall building, together with the TMD-, TMDI- and the TID-equipped building, are analyzed for a
33.86 m/s wind speed (10-years return period related to serviceability limit state) for each of the 24 wind
directions. Figure 16 illustrates a segment of the top-floor time-history acceleration response (for an
overall duration of 20 min) corresponding to 90◦ wind direction.
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Figure 16. Time histories of acceleration at the 69th story along the x-axis corresponding to 90◦
wind direction.

Following time histories of acceleration response, extreme acceleration responses can be obtained
in terms of RMS value. Figure 17 presents variation of extreme acceleration responses along the
building height corresponding to three typical wind directions, namely 0◦, 45◦ and 90◦ wind directions.
Figure 17 demonstrates that TMD, TMDI and TID have significant vibration absorbing effects on
wind-induced acceleration response. In general, the vibration-mitigation effects of the TID are better
than those of the TMD and TMDI, especially for wind direction of 45◦. As stated previously, the three
vibration absorbers share the same physical mass ratio. The vibration-mitigation effects are not only
related to the parameters of TMD, TMDI or TID, but also depend on the predominant frequency
components of aerodynamic forces. At 0◦ and 90◦ wind direction (cf. Figure 17a,c) the acceleration
response at the x-axis are mainly induced by incoming turbulence flow and vortex shedding effects,
respectively. At 45◦ wind direction, the acceleration response at the x-axis is affected by a combination
of incoming turbulence flow and vortex shedding. Hence, it can be concluded that the vibration
mitigation effects of TID is the best among three vibration absorbers, and the performance of TMDI is
better than that of TMD for specific wind direction of 45◦.

  
(a) (b) 

Figure 17. Cont.
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(c) 

Figure 17. Profile of extreme wind-induced acceleration response at the x-axis along the building height
corresponding to three different wind directions: (a) 0◦ wind direction; (b) 45◦ wind direction; (c) 90◦
wind direction.

Figure 18 shows the variation of extreme top-floor accelerations corresponding to a variety of wind
directions ranging from 0◦ to 345◦. From Figure 18 we can see that TMD, TMDI and TID significantly
control extreme acceleration responses, especially at 45◦ wind direction. For this wind direction, the
response decreased from 0.0687 m/s2 (original structure) to 0.0307 m/s2 (TID-equipped structure).

 
Figure 18. Extreme top-floor acceleration response at the x-axis corresponding to wind directions
ranging from 0◦ to 345◦.

Based on Equation (20), the factor of vibration-absorbing Fva related to the top-floor acceleration
response is evaluated and listed in Table 5 for a few emblematic wind directions and loading conditions.
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Table 5. Vibration-mitigation effects in terms of top-floor acceleration response for some
loading configurations.

Selected
Condition

Wind
Direction (◦)

..
utop

OS
(m/s2)

..
utop

TMD
(m/s2)

..
utop

TMDI
(m/s2)

..
utop

TID
(m/s2)

F(TMD)
va F(TMDI)

va F(TID)
va

Minimum Fva
(TMDI) 180 0.0667 0.0508 0.0469 0.0413 23.88 29.78 38.09

Maximum Fva
(TMDI) 45 0.0687 0.0353 0.0350 0.0307 48.63 49.06 55.26

Minimum Fva
(TID) 180 0.0667 0.0508 0.0469 0.0413 23.88 29.78 38.09

Maximum Fva
(TID) 45 0.0687 0.0353 0.0350 0.0307 48.63 49.06 55.26

Maximum
acceleration OS 75 0.1232 0.0701 0.0685 0.0602 43.04 44.40 51.12

In all wind directions, the TID dramatically reduces wind-induced top-floor accelerations.
The worst vibration-absorbing effect of TMDI takes place for 180◦ wind direction, where the
corresponding Fva is 38.09% and is 1.6 times than that of the TMD having same physical mass.
Generally, structural engineers are mainly concerned about the maximum extreme acceleration
response of top floor, which may cause discomfort to residents. The maximum value of the acceleration
of the original structure is 0.1232 m/s2 corresponding to a wind direction of 75◦. The TMD, TMDI
and TID can reduce such extreme acceleration value of more than 40%, namely from 0.1232 m/s2 to
0.0701 m/s2, 0.0685 m/s2 and 0.0602 m/s2, respectively. These results show that the TID has a significant
acceleration-reduction effect due to the enormous inertia benefitting from the inerter device, despite
employing the same physical mass of the TMD. An important aspect for practical implementation of
TMDI/TID systems is the force generated by the inerter, as bigger inertances bring also higher forces
that are difficult to handle in a conventional structure [59]. In the present example, the maximum
resistance force produced by inerter is 5319 kN at wind direction of 330◦. Such requirement for inerter
force can be practically implemented by installing several parallel inerter devices as shown in Figure 1.

4.4. Effects of the Inerter-Based Vibration Absorbers on ESWLs

ESWLs are important parameters used by structural engineers for limit-state design as well
as for assessing the bearing capacity of structures. Displacement Gust Loads Factor (DGLF)
method [59], Moment-Based Gust Loads Factor (MGLF) method [66,67], Load-Response Correlation
(LRC) method [68], and Weighted Combination of Modal Inertial Load Component (WCMILC)
method [69] have been proposed to calculate ESWLs of high-rise buildings. Among them, the DGLF
method is widely used in practical projects owing to its simplicity and for this reason it is adopted in
this paper.

After the calculation of mean and extreme values of wind-induced profiles of displacements along
the building height corresponding to 24 wind directions, ESWLs can be obtained from Equations (9)
and (10). We here describe variation of ESWLs along the building height at a wind speed of 42.02 m/s
(100-years return period).

Figure 19a,b show the profiles of ESWLs of original structure, structure with TMD, TMDI and TID
along the building height, corresponding to wind directions of 0◦ and 45◦, respectively. It is noted that
the ESWLs of the original structure are larger than those of structure with vibration absorbers for every
story. In this case, the performance of the three vibration absorbers is more or less comparable. As the
ESWL is calculated by Equations (9) and (10) based on the extreme displacement, the mitigation effects
of three vibration absorbers on ESWL are similar to that on extreme displacement. Above the 60th
floor, the mean wind loads become smaller because floors above 60th floor gradually draw back in
plane as already illustrated in Figure 2.
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(a) (b) 

Figure 19. Variation of ESWLs along the building height corresponding to two wind directions: (a) 0◦
wind direction; (b) 45◦ wind direction.

5. Conclusions

The wind-induced response of a benchmark 340 m tall building equipped with inerter-based
vibration absorber, i.e., TMDI and TID, has been investigated. The analysis has been carried out in the
time-domain, by considering the time histories of aerodynamic forces computed from synchronous
multi-point pressure measurements in wind tunnel tests, which accounts for the actual cross section
of the building and the existing surrounding conditions. The results have been analyzed in terms of
wind-induced displacement and acceleration response as well as ESWLs on the original structure, and
comparatively on the building equipped with the TMD, TMDI and TID corresponding to 24 different
wind directions (from 0◦ to 345◦ at an interval of 15◦).

The main contents and findings of the present work are summarized as follows:

1. Displacement- and acceleration-based optimizations have been performed to obtain the best
parameters of the TMD, TMDI and TID in a 3D design space, including the installation floor,
the frequency ratio and the damping ratio as explicit design variables. The proposed procedure
attempts to find a good trade-off between displacement mitigation and acceleration mitigation,
considering results from a constrained optimization problem in which the installation floor
represents a design variable being incorporated in the optimization procedure;

2. Both wind-induced extreme top-floor displacement and acceleration responses of the benchmark
building can be effectively mitigated by the TMDI and TID. Among the three vibration absorbers,
the TID outperforms the TMDI and the TMD, and the acceleration mitigation effect of the TMDI is
better than that of the TMD. The extreme displacement and acceleration response of the original
structure are 0.2293 m and 0.1232 m/s2, respectively. The installation of the TMDI has reduced
these response values to 0.1519 m and 0.0685 m/s2, respectively, with a resulting factor of vibration
absorbing Fva equal to 33.74% and 44.40%, respectively. The best vibration mitigation effect is
achieved by the TID, which reduces the extreme displacement and acceleration to 0.1421 m and
0.0602 m/s2, respectively, corresponding to Fva of 38.02% and 51.12%, respectively;

3. Comparison among the three different vibration absorbers has shown that the TID with same
physical mass ratio as the TMD and TMDI can achieve better vibration mitigation effects in terms
of displacement and acceleration responses. In particular, the factors of vibration absorbing
Fva of TMD, TMDI and TID for extreme displacement have been 34.01%, 33.74% and 38.02%,
respectively, and the analogous factors for extreme acceleration have been 43.04%, 44.40% and
51.12%, respectively. The performance of TID slightly outperforms the other two vibration
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absorbers in terms of mitigating ESWLs, which is consistent with the results of displacement
mitigation effect;

4. Optimizations of parameters have demonstrated that the TMDI and TID achieve the best vibration
mitigation effects when the first terminal is not installed at the top floor, but at the mid-upper
place of the primary structure with TMDI/TID topologies such that the inerter spans four stories.
In this configuration, the TID can achieve better wind-induced vibration mitigation than the
TMD employing the same physical mass ratio as that of the corresponding TMD (thus implying a
significant reduction in terms of physical mass actually allocated due to the mass-amplification
effect of the inerter when the TID scheme is designed to achieve the same vibration mitigation
effect as that of TMD);

5. The TID having the same physical mass as the TMD (meaning that the inertia is entirely provided
by the inerter, with ideally null attached mass) can achieve much better vibration mitigation
effects than the TMD in terms of acceleration response when the frequency ratio υ and damping
ratio ζ of the TID are tuned to be around 1.15 and 16%, respectively, and the TID is installed at
the 45th floor. A slightly better displacement mitigation effect can be achieved by adopting a
relative smaller frequency ratio, damping ratio and lower installation floor, e.g., 1.13, 12% and
43rd floor, respectively.

The present study has focused on the design and optimization of the vibration absorbers based on
the expected wind pressure, thus emphasizing the effects of wind loading on the high-rise building.
Future investigations concerning the analysis of the proposed structural control systems against other
types of dynamic loads, such as earthquake excitations, are currently underway.
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Abstract: Various inerter systems utilizing velocity-dependent damping for vibration control have
been developed. However, a velocity-dependent damping element may exhibit relatively poor
performance compared to a displacement-dependent damping element (DDE) of equivalent damping
ratio, when the structural deformation is small in the early stage of the seismic response. To address
this issue, the advantage of DDE in generating a larger control force in the early stage of excitation is
promoted here and enhanced by a supplemental inerter-spring-system, thus realizing a proposed
novel displacement-dependent damping inerter system (DDIS). First, the influence of various
DDIS-parameters is carried out by resorting to the stochastic linearization method to handle non-linear
terms. Then, seismic responses of the DDIS-controlled system are evaluated in the time domain
taking the non-linearity into account, thus validating the accuracy of the stochastic dynamic analysis.
Several design cases are considered, all of which demonstrated damping enhancement and timely
control achieved by the DDIS. The results show that the energy dissipation as well as reduction
of structural displacement and acceleration accomplished by the proposed system are significant.
DDIS suppresses structural responses in a timely manner, as soon as the peak excitation occurs.
In addition, it is demonstrated that interactions among the inerter, spring, and DDE, which constitute
the damping-enhancement mechanism, lead to a higher energy-dissipation efficiency compared to
the DDE alone.

Keywords: inerter; seismic protection; passive vibration control; displacement-dependent damping;
stochastic dynamic analysis

1. Introduction

Structural control technology is proven to be effective in suppressing structural responses
with the aid of various control devices and methods. Among these devices, inerter systems have
been found to be very effective owing to their tuning frequency, mass enhancement, and damping
enhancement mechanisms [1–3]. The performance evaluation and benefits of inerter-based systems
for the protection of building structures [4–8], storage tanks [9–11], wind turbine towers [12–14],
semi-submersible platform [15], and for vibration suppression of cables [16,17], machine [18] and
suspension systems [19,20] have been studied in recent literature. An inerter is a mechanical element
with two terminals [21–25] and ideally produces a resistive force proportional to its inner relative
acceleration and large apparent mass designated as inertance. An essential property of the inerter
is that a large inertance can be produced by devices with negligible physical masses. In the past,
Kawamata [26] developed a vibration control device that used fluid inertance, which is designated
as a mass pump, to suppress the seismic responses of a structure; this device has an inertial mass
enhancement mechanism. Arakaki et al. [27,28] utilized the rotation mechanism to amplify the effective
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damping force of a viscous damper, which is a type of velocity-dependent damping element (VDE).
However, these devices did not explicitly use the mass enhancement effect until Ikago et al. [1]
proposed the tuned viscous mass damper, which belongs to a type of velocity-dependent damping
inerter system (VDIS). The performance of the tuned viscous mass damper control system was
subsequently investigated via shaking table tests conducted on single-story systems equipped with
scaled-down versions of the damper [29]. Garrido et al. [30] proposed a rotational inertia double-tuned
mass damper by replacing the viscous damping of the tuned mass damper with a tuned viscous
mass damper, which achieved significantly greater control than the tuned mass damper with similar
additional mass ratio. Through the incorporation of an electromagnetic damper, which is a type
of VDE, Nakamura et al. [31] developed an electromagnetic inerter mass damper with variable
damping force. Asai et al. [32,33] achieved enhanced energy-harvesting performance using a tuned
inerter. Zhang et al. [10,34] proposed an isolation inerter system that used an inerter and a VDE
to mitigate the vibration of a storage tank. The effect of the mechanical layout of the system was
also investigated and considered in the development of a demand-based optimal design method for
the system. Ikago et al. [1] presented the closed-form optimal design formulae for a VDIS based
on the fixed-point method (an optimal design method to minimize the H∞ norm of the transfer
function). On the basis of consideration of both the response mitigation effect and control cost,
Pan et al. [35] proposed a demand-performance-based optimal design methodology for a structure
equipped with a VDIS to achieve the desired seismic performance level from the primary structure.
Pan and Zhang [36] subsequently derived a closed-form expression of the root-mean-square (RMS)
response of a single-degree-of-freedom (SDOF) structure with three representative VDISs, namely, the
series layout inerter system, series–parallel layout I inerter system (SPIS-I), and series–parallel layout
II inerter system. Chen et al. [37] analyzed the effect of the soil-structure interaction on the vibration
mitigation effect of a VDIS. Based on the determined effect, they proposed an optimal design method
that utilized a simulated annealing algorithm.

As mentioned above, recent studies in the field have mainly focused on the development and
optimal design of inerter systems that utilize VDEs for energy dissipation. As a classic example,
the ball-screw inerter system utilizes fluid viscous damping, with the fluid fully filled into a small gap
between the fixed inner cylinder and rotating outer cylinder connected to a ball screw [38]. However,
the inertance of such a device cannot be adjusted or replaced once it is manufactured even if the mass
enhancement ratio is found to be insufficient for vibration control afterwards. In addition, there is also
a concern about the leakage risk of the damping fluid, with high pressure within the rotating cylindrical
tube requiring thorough sealing of the device [39]. From the perspective of the constitutive relationship
of the mechanical behavior, viscous damping and electromagnetic damping (mentioned earlier) are
both VDE mechanisms, which means that the damping force is in-phase with the relative velocity of
the VDE. Because the maximum displacement and maximum velocity never occur at the same time,
there is an inevitable time difference between the maximum damping force and displacement [40,41].
Owing to this difference, the VDE would be incapable of mitigating the structural response greatly in
the time domain if a peak response occurs in the early stage of excitation, which is generally true in
most earthquake events. This sometimes unfavorable velocity dependence of a VDE can be replaced
by a displacement-dependent damper that uses a displacement-dependent damping element (DDE)
for energy dissipation, with the damping force directly depending on the relative deformation of the
device [42]. Such systems are widely used because of their stable hysteretic behavior and relatively low
production and maintenance costs. Kelly et al. [43] were the first to propose a displacement-dependent
damper for vibration energy dissipation. Since then, considerable efforts [44–47] have been devoted to
analyzing the dynamic behavior of structures controlled by displacement-dependent dampers and the
design of these systems. There is no doubt that a displacement-dependent damper is effective for a
vibration mitigation, theoretically as well as experimentally. In particular, this damper is preferentially
chosen at the beginning of the excitation, based on the fact that displacement-dependent dampers
reduce substantial displacements more effectively compared to viscous dampers with equivalent
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damping ratios (meaning that the energy dissipated per cycle for DDE and VDE [42] is the same).
However, the energy dissipation effect of the damper is limited when the deformation in a DDE is
small, especially in the early stage of shaking, in a seismic event. The main contribution of the tuned
inerter in a displacement-dependent damping inerter system (DDIS) is to amplify the deformation in a
DDE to ensure efficient energy dissipation during the early stage of excitation.

Based on these motivations, a novel DDIS is developed that overcomes the aforementioned
drawbacks of the VDIS. The proposed DDIS consists of an inerter, a DDE, and a spring. Stochastic
dynamic analysis of a structure equipped with the DDIS system is performed, considering a base
acceleration modeled with a Kanai–Tajimi power spectral density function. The stochastic linearization
technique is used to handle the non-linear terms. It is demonstrated that DDIS combines the
advantageous properties of DDE and inerter in a single layout. The structural displacement, acceleration,
and energy dissipation mitigation indices are determined from the stochastic analysis results and
used to establish an evaluation method for the dynamic performance of the DDIS-equipped structure.
A broad parametric analysis is performed within the evaluation framework, taking into consideration
the effects of non-linearity of the DDIS and variability of its parameters. Finally, several design cases in
the time domain are presented to illustrate the damping enhancement and quick-control provided by
the proposed DDIS.

2. Theoretical Analysis of Displacement-Dependent Damping Inerter System (DDIS)

2.1. Mechanical Model

The inerter (in Figure 1) is a mechanical element that ideally provides a force proportional to
its inertance min (having dimensions of mass) and relative acceleration between its two terminals.
Experimental research works show that the inertance can be amplified thousands of times that of
the physical mass of the inerter [48], proving that the inerter is a very effective vibration mitigation
device owing to this mass enhancement effect. A series of physical realizations have been proposed for
the construction of the inerter, such as the rack-pinion [21], the ball screw [1], the fluid [49], and the
electromagnetic mechanisms [50]. In the ideal model of the inerter, the output force of the inerter Fin is
given by [51–56]:

Fin = min
( ..
u1 − ..

u2
)

(1)

where
..
u1 and

..
u2 are the respective accelerations of the two terminals.

inm

inF inF

u u

Figure 1. Schematic of the inerter.

2.1.1. Model of Displacement-Dependent Damping Element (DDE)

The damping force of the DDE is dependent on the displacement rather than on the velocity
response, and it is characterized by a stable and non-degrading mechanical behavior. The DDE is of
significant engineering interest; several control devices have been proposed, which exploit the DDE
characteristics (such as shape-memory alloys, wire-cable isolators, metallic dampers, and friction-based
dampers) [45,46]. The bilinear model in Figure 2 is widely used to describe the DDE and give it a clear
and simple physical meaning. When this model is used to represent the force-deformation relationship
of the DDE, the restoring force Fd is given by:

Fd(ud, zd) = αkdud + (1− α)kdzh (2)
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where kd is the initial stiffness of the DDE, α is the ratio of the post-yielding stiffness to pre-yielding
stiffness, udy is the elastic limit displacement or yielding displacement of the corresponding bilinear
model, and ud and zh are the deformation of the DDE and the hysteretic variable, respectively, which
are related as follows:

.
zh =

.
ud

[(
1− sgn

( .
ud

)
sgn

(
zh − udy

)
− sgn

(
− .

ud
)
sgn

(
−zh − udy

))]
(3)

where sgn(·) is the signum function.

 

dF

du

dk

dkα

dyu du+
du−

Figure 2. Hysteresis curve of the displacement-dependent damping element (DDE).

2.1.2. Model of DDIS

As depicted in Figure 3, the proposed DDIS consists of an inerter, a DDE, and a spring, where kt

denotes the stiffness coefficient of the spring. In the DDIS, the inerter and DDE are mounted in
parallel and are deployed in series with the spring. The supplemental vibratory system consisting
of the spring and inerter is tuned to the primary structural frequency, resulting in enhanced energy
absorption. Unlike the conventional VDIS in which the viscous damping element is used only for
energy dissipation, the DDE of the DDIS provides both energy dissipation and additional stiffness,
which further reduces the structural response. The mass enhancement effect [1] of the inerter ensures
efficient energy absorption in the DDE without implying an additional weight. And the implements of
the spring and inerter constitute the damping enhancement mechanism to dissipate more energy since
the DDE deformation of DDIS is amplified and larger than the displacement of controlled structure
(Figure 3). The detailed explanation of the intrinsic benefit of the DDIS is given in Sections 3.2 and 4.1.

 

inm
tk

dF

du
dk

dkα

Figure 3. Schematic of the proposed displacement-dependent damping inerter system (DDIS) and its
damping-enhancement effect.
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2.2. Equations of Motion

As shown in Figure 4, a DDIS is incorporated into an SDOF frame structure having mass m,
stiffness k, and damping coefficient c. The governing equation for the present system can be expressed
as follows: ⎧⎪⎪⎨⎪⎪⎩ m

..
u(t) + c

.
u(t) + ku(t) + kt

[
u(t) − ud(t)

]
= −m

..
ug(t)

min
..
ud(t) + Fd(t) = kt

[
u(t) − ud(t)

] (4)

where
..
ug(t) represents the acceleration of the ground motion, and u(t) and ud(t) are respectively the

displacement of the primary structure relative to the ground and deformation of the DDE. The force Fd
is given by Equation (2).

  
(a) (b) 

m

k c

gu

u

m

k c

u

du

Figure 4. Mechanical model of the single-degree-of-freedom (SDOF) frame structure (a) without and
(b) with the DDIS.

2.3. Stochastic Dynamic Analysis and Stochastic Linearization Method

Considering the uncertain nature of the seismic excitation, the acceleration of the applied ground
motion

..
ug in Equation (4) is modeled as a random process. The Kanai–Tajimi filtered white-noise

process is adopted as excitation, as it has been widely employed in previous studies [35,57]. Denoting
the bedrock white noise process as W(t), the differential equation of the Kanai–Tajimi model can be
established in time domain as follows:

..
ug(t) = −ω2

gug(t) − 2ξgωg
.
ug(t) + W(t) (5)

where ωg(t) and ξg(t) are, respectively, the fundamental circular frequency and damping ratio related
to the soil characteristics. The power spectral density function corresponding to the Kanai–Tajimi
model is as follows:

S ..
ug
(ω) =

ω4
g + 4ξ2

gω
2
gω

2(
ω2

g −ω2
)2
+ 4ξ2

gω
2
gω2

Sw (6)

where Sw is the power spectral density of the white noise excitation [58]. A relationship between Sw

and the peak ground acceleration was introduced in [59].
The solution of the governing equations of motion in Equation (4) is a non-linear problem owing

to the non-linear restoring force of the bilinear model. Linear random vibration theory is thus not
applicable. In this section, the stochastic linearization method (SLM) [60] is applied to solve Equation
(4) using an equivalent linear–viscous damping ceq and a linear stiffness coefficient keq to represent the
bilinear model. Equation (4) can thus be rewritten in terms of SLM as follows:{

M
..
u + C

.
u + Ku + r = EM

..
ug(t)

.
zh(t) + ceq

.
ud(t) + keqzh(t) = 0

(7)
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where,

M =

[
m 0
0 min

]
, C =

[
c 0
0 0

]
, K =

[
k + kt −kt

−kt αkd + kt

]
,

r =

[
0

(1− α)kdzh

]
, E =

[
1
0

] (8)

and u = {u, ud}T is the displacement vector. Here, ceq and keq are determined by an equivalence
principle [61,62], minimizing the squared error between the linearized Equation (7) and non-linear
Equation (4), which leads to:

ceq = E
[
∂Fd(ud, zh)

∂
.
ud

]
, keq = E

[
∂Fd(ud, zh)

∂zh

]
(9)

where E[ ] denotes the expectation operator to obtain the mean value. The coefficients ceq and keq of the
bilinear model resulting from Equation (9) are given by [61,62]

ceq =

⎧⎪⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎪⎩
− 1

2

[
1 + er f

(
udy√
2σzh

)]
+ 1
σzh

√
2π

∫ ∞
udy/(

√
2σzh )

er f

⎛⎜⎜⎜⎜⎜⎝ρ .
udzh

zh/(
√

2σzh)√
1−ρ .

udzh

⎞⎟⎟⎟⎟⎟⎠ · exp
[
− z2

h
2σ2

zh

]
dzh

⎫⎪⎪⎪⎪⎪⎪⎬⎪⎪⎪⎪⎪⎪⎭

keq =

⎧⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎩

ρ .
udzh
σ .

ud
udy√

2πσ2
zh

σzh exp
[
− u2

dy

2σ2
zh

]⎧⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎩1 + er f

⎛⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎝
ρ .

udzh
udy

σzh

√
2
(
1−ρ2.

udzh

)
⎞⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎠
⎫⎪⎪⎪⎪⎪⎬⎪⎪⎪⎪⎪⎭

+

√
2
(
1−ρ2.

udzh

)
π

σ .
ud
σzh

exp
[
− u2

dy

2σ2
zh

]
exp

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎣ ρ2.
udzh

u2
dy

σ2
zh

2
(
1−ρ2.

udzh

)
⎤⎥⎥⎥⎥⎥⎥⎥⎥⎦

⎫⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎬⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎪⎭

(10)

where σzh
and σ .

ud
are respectively the RMS of hysteretic deformation zh and the RMS of the DDE

velocity
.
ud; ρ .

udzh
is the correlation ratio of

.
ud and zh, and er f is the error function given by

er f (y) =
2√
π

∫ y

0
e−s2

ds (11)

Using the SLM, the expected stochastic response can be approximated as a zero-mean Gaussian
process under Gaussian excitation. Based on the Laplace transformation, the governing equation in
Equation (7) can be rewritten as:⎧⎪⎪⎨⎪⎪⎩

(
−ω2M + iωC + K

)
U + R = EMAg(iω)

Zh(iω)iω+ ceqUd(iω)iω+ keqZh(iω) = 0
(12)

where U = {U, Ud}T and R =
{
0, (1− α)kdZh

}T are the Laplace transformations of u and r, respectively;
Ud, Ag, and Zh are the Laplace transformations of ud,

..
ug, and zh, respectively. An inspection of

Equations (10) and (12) reveals that the determination of ceq and keq is not straightforward, since they
implicitly depend upon the unknowns σzh

, σ .
ud

, and ρ .
udzh

. Therefore, the values of ceq and keq are
determined by an interactive process, wherein Equation (12) is solved in an iterative manner given an
initial guess.

2.4. Energy Balance Analysis

From the perspective of energy balance evaluation, a part of the excitation-induced input
vibrational energy is dissipated by the primary structure, and the rest is dissipated by the DDIS via
the DDE. Equation (7) can be used to calculate the energy balance in the SDOF structure equipped
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with the DDIS by premultiplying with uT and integrating over the time domain. The energy balance
equation in the time domain is given by:

etotal(t) = ek(t) + ee,s(t) + ed(t) + eDDIS(t) (13)

where the total input energy etotal(t) is composed of structural kinetic energy ek(t), structural elastic
strain energy ee,s(t), structural inherent damping dissipated energy ed(t), and DDIS-dissipated energy
eHDIS(t). With particular regard to the three elements of the DDIS, eDDIS(t) is the result of kinetic energy
ek,DDIS(t), elastic strain energy ee,DDIS(t), and DDE-dissipated energy ed,DDIS(t). Because the input
excitation is assumed to be a stochastic process, the energy response should be evaluated stochastically
by applying the expectation operator to Equation (13). On the basis of the stationarity hypothesis,
the expected values of ee,DDIS(t), ek,DDIS(t), ek(t), and ee,s(t) are all zero. Hence, the stochastically
expected value of Equation (13) is given by:

E[etotal(t)] = E[ed(t)] + E
[
ed,DDIS(t)

]
= cσ2

.
u
+ (1− α)kdσzh

.
ud

(14)

where σ2
.
u

and σzh
.
ud

are respectively the variance of the structural velocity and the cross-variance of zh

and
.
ud.

3. Characteristics of DDIS

3.1. Stochastic Performance Indices

To characterize the dynamic performance of the SDOF structure equipped with DDIS and further
evaluate the vibration mitigation effect of the DDIS, different stochastic performance indices are
introduced. First, the dimensionless parameters of the DDIS are defined, including the inertance–mass
ratio μ, DDE stiffness ratio κ, and stiffness ratio λ:

μ =
min
m

,κ =
kt

k
,λ =

kd
k

(15)

The commonly used index is the displacement mitigation ratio γDis, which is the ratio of the RMS
displacement of the structure–DDIS system σDis,SDOF−DDIS to that of the original structure σDis,SDOF.
Another index is the acceleration mitigation ratio γAcc, which is the ratio of the RMS acceleration of the
structure–DDIS system σAcc,SDOF−DDIS to that of the original structure σAcc,SDOF. The parameters γDis
and γAcc are, therefore, defined as follows:

γDis
(
μ,κ,λ,α, udy

)
=
σDis,SDOF−DDIS
σDis,SDOF

,

γAcc
(
μ,κ,λ,α, udy

)
=
σAcc,SDOF−DDIS
σAcc,SDOF

(16)

However, an energy-based performance index is more robust against various types of input
ground motion than displacement- and acceleration-based performance indices. Referring to the
energy balance in Equation (14), the excitation-induced input energy is eventually dissipated by the
structural inherent damping and DDE of the DDIS. The portion of the energy dissipated by the DDE is
maximized, whereas the portion filtered into the primary structure and dissipated by the structural
inherent damping should be minimized. A filtered energy ratio γE is thus defined here to quantify the
portion of energy dissipated by DDIS out of the total input energy:

γE
(
μ,κ,λ,α, udy

)
=

E[etotal(t)]−E[ed,DDIS(t)]
E[etotal(t)]

= 1− (1−α)kdσzh
.
ud

cσ2.
u
+(1−α)kdσzh

.
ud

(17)
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A low value of γE indicates that only a small portion of the vibrational energy is filtered into the
primary structure, indicating the energy dissipation efficiency of the DDIS.

3.2. Parametric Analysis of DDIS

A thorough parametric analysis is conducted using γDis, γAcc, and γE as performance evaluation
indices. The three indices are directly related to the design parameters of the DDIS, which contain μ, κ,
λ, α, and udy.

3.2.1. Influence of Excitation Severity

The performance evaluation of the structure equipped with the DDIS is a non-linear problem
because of the signum function, and it is definitely influenced by the severity of the external excitation.
In this section, the power spectrum density is considered as the Kanai–Tajimi model; whereas, the
magnitude of Sw varies in a wide range. A single-span, single-floor, SDOF frame structure is used
for the parametric analysis, which is characterized by mass m = 20 ton, fundamental natural period
T = 0.54 s, and inherent damping ratio ζ = 0.02. Regarding the bilinear model of the DDIS, α and udy
were assumed to be 0.02 and 0.001 m [44], respectively.

Figure 5 illustrates the variation pattern of the effect of γDis and γAcc against the change of Sw,
where μ of DDIS increases from 0 to 0.50. The increase of Sw affects the structural response and the
extent to which the non-linear effects of DDIS are triggered, which leads to the increase of γDis and
γAcc. In terms of the special case, i.e., a stiff-supported DDE (μ = 0), the correspondingly minimum
γDis and γAcc are quantified as 0.68 and 0.85, respectively. For any specific value of Sw, the proposed
DDIS exhibits an improved vibration mitigation effect compared with the displacement-dependent
damper (which is represented by the limit case of DDIS having μ = 0). Although γDis and γAcc of DDIS
vary with the excitation severity, the advantage of DDIS over the displacement-dependent damper is
definitely true for different levels of excitation severity. Furthermore, once the DDIS meets the target
demand of vibration control under the excitation for the upper limit of concerned severity, it will be
more effective for vibration mitigation when subjected to the excitation with lower severity (Sw > 0.02).

  
(a) (b) 

Figure 5. Influence analysis of γDis and γAcc against the variation of Sw: (a) γDis and (b) γAcc.

3.2.2. Influence of DDIS Parameters

In this section, several cases are considered to demonstrate the vibration mitigation effect of
the DDIS, with κ varying in the range of 10−2–1.00, and μ varying in the range of 10−3–3.00. λ is
set to 0.20, 1.00, and 1000.00 to simulate low, medium, and high stiffness of the support (i.e., the
spring), respectively. A broad-band stochastic excitation is adopted, with ωg = 15, and ξg = 0.60 [57,63]
to simulate the commonly used firm soil condition. The analysis results of γDis,γAcc, and γE are
summarized in Figures 6–8, respectively.
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(a) (b) (c) 

Figure 6. Variation of γDis for: (a) λ = 0.2, (b) λ = 1.00, and (c) λ = 1000.

   
(a) (b) (c) 

Figure 7. Variation of γAcc for: (a) λ = 0.2, (b) λ = 1.00, and (c) λ = 1000.

   
(a) (b) (c) 

Figure 8. Variation of γE for: (a) λ = 0.2, (b) λ = 1.00, and (c) λ = 1000.

As expected, the displacement performance of the structure-DDIS system, γDis, gradually decreases
with the increase in hysteretic stiffness ratio κ, especially for medium and rigid stiffness of the support.
Similar to a conventional displacement-dependent damper, an increase in κ implies greater stiffness
of the primary structure to resist vibration, and hence, decreased structural displacement through
increased non-linear damping. As can be observed from the surf plots in Figure 6, a decrease in μ
is accompanied by an increase in γDis. Considering the specific case in which μ decreases to zero,
the DDIS degenerates into a conventional displacement-dependent damper with a stiff support. The
proposed DDIS thus provides much greater displacement mitigation through the tuning effect of the
spring and the energy storage effect of the inerter.

Regarding the acceleration mitigation ratio γAcc, Figure 7 shows that, for the DDIS with a tunable
spring (Figure 7a,b), a medium inertance (μ ≈ 0.50) is beneficial to the mitigation of the acceleration
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response, while a small κ (< 0.05) and large inertance (μ > 1.0) have a detrimental effect. This can
be attributed to a weak DDE being incapable of timely dissipation of the large amount of energy
stored by a large inerter, with the energy filtering into the primary structure. Figure 7a shows that
when the DDE and inerter are set in parallel with a low-stiffness spring, the supplemental inerter
substantially decreases the structural acceleration effectively. For the DDIS without a tunable spring
(Figure 7c), the significant reduction of structural acceleration (small γAcc) is reached at a high price of
large inertance (μ > 1.0).

With regard to γE, Figure 8 shows that an increase in κ (κ ∈ [0.01, 1.0]) causes a decrease in γE,
implying greater dissipation of vibrational energy by a large DDE (κ > 0.50), with less energy filtering
into the primary structure. Regarding the effect of the added inerter, an increase in inertance decreases
γE, especially when the DDIS springs are tunable stiffness (λ < 1.0). From the perspective of energy
dissipation, the application of the inerter enhances the energy dissipation and vibration mitigation
effect of the DDIS compared with only a stiff-supported DDE identical to that used in the system. For
the DDIS without a tunable spring (Figure 8c), this benefit of the inerter is not evident. The damping
enhancement effect of the proposed DDIS may be attributed to its combination mechanism in which
the spring is used to tune the frequency of the inerter to improve energy absorption. This fundamental
mechanism of the DDIS provides an alternative explanation of its advantage over a DDE identical to
that utilized in the system.

An additional parametric analysis is conducted to investigate the effect of the variation of the
mechanical parameters of the DDIS on its performance (evaluated with respect to κ and λ). The
corresponding surfs plots are shown in Figures 9 and 10, which consider wide ranges of κ and λ values.
The other mechanical parameters are the same as in the earlier parametric analysis. Non-zero values of
μ: 0.10, 0.20, and 0.30, are assumed for the DDIS. As the inertance-mass ratio increases from 0.10 to 0.30,
the displacement and acceleration mitigation effects of the DDIS substantially increase. The minimum
displacement and acceleration responses coincide with the areas that have the upper boundary of κ and
λ ≈ 1.0. This is ascribed to the almost negligible deformation of the high-stiffness support (i.e., large λ),
resulting in the vibration energy being rapidly and directly transferred to and dissipated by the DDE.
It can be deduced from the surf plots that the DDIS is not sensitive to change in κ and λ, because the
surf plots in a blue zone that indicates the low value of the displacement and acceleration responses
change slowly when the parameters (κ and λ) vary rapidly. This indicates that a decrease in κ and λ
does not considerably reduce the structural performance, including the acceleration and displacement
responses. Furthermore, increasing the inertance makes the DDIS more effective for vibration control,
in positive association with the increased energy storage provided by a larger inertance. Referring to
the results of parametric analysis, it is suggested to design the DDIS with a medium inertance-mass
ratio (μ ≈ 0.5), a large DDE κ ≥ 0.5, and a tunable spring (λ ≤ 1.0).

 
(a) (b) (c) 

Figure 9. Variation of γDis for (a) μ = 0.10, (b) μ = 0.20, and (c) μ = 0.30.
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(a) (b) (c) 

Figure 10. Variation of γAcc for (a) μ = 0.10, (b) μ = 0.20, and (c) μ = 0.30.

3.2.3. Influence of Structural Parameters

Physical and model uncertainty of the primary structure may cause the practical behavior of the
DDIS to deviate from theoretical expectations. The sensitivity of the vibration control effect of the
DDIS to uncertainties of the primary structure is also worth analyzing. Therefore, the stiffness of the
primary structure was considered to be variable owing to errors yielded by imprecise construction and
deterioration during service.

Figure 11 illustrates the effect of the variation of knew/k and ζ on the vibration control effect
(i.e., γDis and γAcc) of the DDIS, where knew is the changed stiffness of the SDOF frame structure
mentioned in Section 3.2.1. The knew is set in the range of 50% variation of the stiffness k of SDOF
frame structure. The increase of μ from 0.00 to 0.40 causes the displacement-dependent damper
to evolve into the proposed DDIS with a larger inertance. In accordance with the earlier analysis,
the structural responses γDis and γAcc of the SDOF structure equipped with the DDIS are all lower
than those equipped with the displacement-dependent damper, implying that the addition of the
inerter improves the structural performance. This improvement is observed in structures with different
stiffness and is not significantly affected by a rapid change of knew. For instance, in Figures 11 and
12b–d (μ = 0.10, 0.25, 0.40, respectively), the degradation of knew and increase of ζ diminishes the
acceleration mitigation effect of the DDIS to some extent; however, γDis and γAcc still remain lower
than those for the displacement-dependent damper depicted in Figures 11a and 12a.
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(a) (b) 

  
(c) (d) 

Figure 11. Sensitivity analysis of γDis with variation of the structural circular frequency for κ = 0.50
and λ = 1.00 with (a)μ = 0, (b) μ = 0.10, (c) μ = 0.25, and (d) μ = 0.40.

 
(a) (b) 

 
(c) (d) 

Figure 12. Sensitivity analysis of γAcc with variation of the structural circular frequency for κ = 0.50
and λ = 1.00 with (a) μ = 0, (b) μ = 0.10, (c) μ = 0.25, and (d) μ = 0.40.
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4. Non-Linear Time-History Analysis and Performance of DDIS

4.1. Displacement Mitigation Effect in Early Stage of Seismic Response

As mentioned above, the classic inerter system utilizes a VDE for energy dissipation. The damping
reaction force of the system is proportional to the relative velocity of the damping element; furthermore,
there is an inevitable time difference between the times when maximum damping force and maximum
displacement are generated. The DDE of the proposed DDIS avoids this problem, as the maximum
displacement and maximum damping force occur simultaneously. When an earthquake occurs,
the deformation of the DDE induced by the structural vibration directly causes the DDIS to produce a
timely reaction force for effective vibration control. This results in significant reduction of the dynamic
responses of the structure during the early stage of the seismic response.

To characterize the displacement mitigation effect of the DDIS, its results are compared with
those of a conventional VDIS when both were applied to the single-span, single-floor frame structure
described in Section 3.2. The viscous damping ratio is considered to be equal to the equivalent damping
ratio of the DDE [42,47] to achieve the maximum hysteresis loop area of VDE under the dynamic
excitation being equal to that of DDE. The stiffness of the support (λ) is set to infinity to ignore its
tuning effect and only compare the VDIS and DDIS in terms of the structural displacement mitigation
difference induced by the difference in the damping element. The design parameters of the DDIS
μ and κ are both 0.50, a value that is chosen arbitrarily from the parametric analysis results. The
characteristics of the DDIS and the benefits produced by the inerter also hold true for the DDIS with
other parameter values. Regarding the hysteresis of the DDIS, α and udy were assumed to be 0.02 and
0.001, respectively. The main conclusions drawn from the test results, as discussed below, are true
for other parameter combinations (μ, κ, and λ). The Kanai–Tajimi spectrum is adopted as the input
power spectrum, with the predominant frequency of the dynamic excitation, ωg, set to 0.5ωs0, ωs0, and
2.0ωs0 (ωs0 denoting the circular frequency of the primary structure) to simulate low-frequency seismic
(LS) excitation, the severest seismic (SS) excitation (resonance condition), and high-frequency seismic
(HS) excitation, respectively, and artificial records are generated accordingly. The well-studied ground
motion record of the 1940 Imperial Valley Earthquake recorded at El Centro (N–S component) is also
used as a representative natural excitation. Under the four excitations, the equivalent damping ratio
ξVDIS = cd/2

√
mk (cd is the damping coefficient of the VDIS) is designed as 0.025, 0.032, 0.039, and

0.025. The displacement responses of the structures with the DDIS and VDIS under different excitations
are shown in Figure 13. The figure shows that for all the excitations, the roof displacement is reduced
more effectively by the DDIS compared with the VDIS despite the same equivalent damping ratio. The
roof displacements of the structures with the DDIS and VDIS are substantially suppressed after tDDIS
and tVDIS, respectively, while negligible reduction is achieved before tDDIS and tVDIS. Furthermore,
tDDIS is definitely lower than tVDIS, demonstrating the timely control advantage of the DDIS over the
VDIS in the early stage of the seismic response. As shown in the hysteretic curves of the damping
element in DDIS and VDIS (Figure 14), at the beginning of the excitation, the energy dissipated by
DDIS (dotted line: 1-2-3-4-5-6) is definitely larger than that in the case of VDIS (solid line: 1′-2′-3′-4′).
The larger damping force produced by DDIS in the early stage is beneficial for the roof displacement
reduction in a timely and more effective manner.
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(a) (b) 

  
(c) (d) 

Figure 13. Displacement responses of the structures with the DDIS and velocity-dependent damping
inerter system (VDIS) under (a) El Centro, (b) low-frequency seismic (LS) excitation, (c) severest seismic
(SS) excitation, and (d) high-frequency seismic (HS) excitation.

Figure 14. Hysteretic curve of DDIS and VDIS under El Centro in the early stage of the seismic response.

4.2. Seismic Performance of Structure Equipped with DDIS

The time-domain dynamic performance of structures equipped with the DDIS and
displacement-dependent damper (as a special case of the DDIS without the inerter) are investigated by
applying the DDIS and displacement-dependent damper to the SDOF structure described in Section 3.2.

The values of κ and λ of the damper and DDIS and the value of μ of the DDIS are all set to 0.50.
A suite of ground motions, 10 LS waves, SS waves, and HS waves are generated using the Kanai–Tajimi
spectrum mentioned in Section 4.1. In addition, El Centro 1940 N–S record is employed as a natural
ground excitation. The peak ground acceleration of the input ground motion is scaled to a common
value of 0.1 g. The average γDis, γAcc, and γE determined by the analyses for the artificial records
and El Centro ground motion are presented in Table 1. The results show that for different types of
excitations, 10% to 15% of the vibrational energy, as determined by γE, is filtered through the DDIS
to the primary structure. This indicates that the DDIS considerably reduces the amount of energy
that the primary structure needs to dissipate. Furthermore, the displacement and acceleration of
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the DDIS-fitted structure are suppressed to a low level (reduction ratios ranging from 30% to 60%
compared to the uncontrolled case).

Table 1. Analysis results of γDis, γAcc, and γE for case in Section 4.2.

Type of Excitation γDis* γAcc γE

LS 0.47 (0.45) 0.49 (0.48) 0.11 (0.10)
SS 0.40 (0.37) 0.58 (0.54) 0.15 (0.15)
HS 0.39 (0.40) 0.70 (0.71) 0.12 (0.14)

El Centro 0.41 0.61 0.14

* Values reported in round brackets denote the corresponding standard deviation ratios computed from the
stochastic analysis.

Considering the SS and El Centro waves as examples, the displacement response curves of the
structures fitted with the displacement-dependent damper and DDIS are shown in Figure 15. The
DDIS more effectively reduces the structural displacement compared with the displacement-dependent
damper with a DDE identical to that used in the system. To explain the greater displacement reduction
ability of the DDIS from the perspective of energy dissipation, Figure 16 shows the hysteresis curves of
the DDEs of the displacement-dependent damper and DDIS. The values of the corresponding DDE
deformation enhancement ratio, given by

ρ =
max(DDE deformation)

max(displacement of strucuture with DDIS)
,

are indicated in the figure. In agreement with the findings in Section 3.2.2, the DDE deformation of the
DDIS is over 60% larger than the structural displacement. The amplified deformation is achieved by
the damping enhancement mechanism of the DDIS, in the absence of which the deformation would be
equal to the structural displacement, as for the structure with the conventional displacement-dependent
damper. The mechanism of the damping enhancement achieved here is similar to that of a VDIS [1].

  
(a) (b) 

Figure 15. Displacement responses of structures fitted with the DDIS and displacement-dependent
damper under (a) El Centro and (b) SS excitation.
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(a) (b) 

Figure 16. Hysteresis curves of the DDEs of the DDIS and displacement-dependent damper under
(a) El Centro and (b) SS excitation.

5. Conclusions

The response deformation of a structure is relatively small during the early stage of the seismic
response, which leads to poor performance of velocity-dependent damping compared with the
displacement-dependent damping with the same equivalent damper ratio [40,42]. In this study,
the ability of the displacement-dependent damper to generate a larger control force during the early
stage of the excitation is exploited and further enhanced by a supplemental inerter-spring system
tuned to the primary structure, realizing an effective DDIS. A summary of the study and the main
conclusions drawn from this investigation are reported below:

1. The DDIS is observed to suppress the structural responses in a timely manner as soon as a peak
response occurs during the early stage of the excitation. The proposed equivalent linearization
method is effective to conduct the stochastic dynamic analysis of the DDIS-equipped structure.
The dynamic response of the DDIS controlled systems are further evaluated in the time domain
considering the non-linearity and validating the accuracy of the stochastic analysis.

2. The interaction between the inerter, spring and the DDE constitutes the damping enhancement
mechanism of the DDIS. Compared with an identical DDE, the proposed mechanism amplifies
the deformation of the DDE in the DDIS by over 60%; thus, the DDIS is characterized by a higher
energy dissipation capability.

3. The proposed DDIS considerably reduces the structural displacement and acceleration, which is
a result of its damping and mass-enhancement mechanism. For the DDIS with medium value of
stiffness ratio and inertance-mass ratio, the displacement and acceleration responses of original
uncontrolled structure are reduced by 60% and 40%, respectively.

4. The benefits and characteristics of the proposed DDIS are obtained from an extensive parametric
analysis and not limited to any specific optimal design procedures. Further studies should be
conducted on the parameter design methodology and practical design procedure of the DDIS.
The equivalent linearization method proposed in this paper would help reduce the computational
cost required to develop a design method.
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Abstract: This study proposes a novel curved steel plate damper to improve the seismic performance
of structures. The theoretical analysis of the curved plate damper was carried out deriving formulas
of key parameters of the curved plate damper including elastic lateral stiffness, yield strength, and
yield displacement. Moreover, a cyclic loading test of four sets of specimens was conducted, and the
hysteretic performance, ductility, energy dissipation performance, and strain of the specimens were
studied. The results showed that the initial stiffness of the damper was large, no obvious damage was
observed, and the hysteresis loop was full. The tested dampers had good deformation and energy
dissipation performance. The stress variable rule of the damper was obtained by stress analysis,
where the plastic deformation at the end of the semi-circular arc was large. The formula for various
parameters of the damper was compared with experimental and numerical results; thus, the value
of the adjustment coefficient was determined reasonable. Meanwhile, the rationality of the finite
element model was also verified.

Keywords: metal damper; performance parameter; cyclic loading test; hysteretic behavior;
energy dissipation capability

1. Introduction

Earthquakes are sudden natural disasters endangering people’s lives and property. The may not
only cause housing damage, traffic interruption, water disaster, fire, disease, and other secondary
disasters, but can also endanger human life and safety.

To minimize casualties and economic losses, preventing structural collapse and serious damage
to the civil infrastructure against seismic hazard has become a challenging task that researchers need
to address. Improving the seismic capacity of engineering structures through novel techniques and
technical measures is the most effective way to mitigate seismic hazards. The traditional seismic method
takes the “anti-seismic” approach as an important way to resist earthquakes by enlarging the section
of structures and adding more reinforcements. The result is that the larger the section of structural
components is, the greater the stiffness becomes, and the greater the impact of earthquakes. In this
vicious circle, it is not only difficult to ensure safety, but construction costs required for earthquake
resistance also increase greatly.

An effective way to overcome increased inertia properties is structural vibration control through
energy dissipation devices. Energy dissipation devices absorb and dissipate seismic energy, thereby
reducing the dynamic response of the main structure under an earthquake. Based on numerous
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practical applications of energy dissipation devices, the vibration control technique can be used to
mitigate seismic hazard and achieve better seismic performance of the structure under vibrations.

The passive energy dissipation method has been widely used in the seismic control of structures
since the 1980s [1,2]. Dampers can be classified into metal, viscoelastic [3], viscous [4], tuned absorption
dampers [5], smart materials based isolation and suspension system [6,7], recently developed smart
materials based damping or negative stiffness structure [8–10], actively tuned damper and driver
system [11,12], according to the energy dissipation methods, control force characteristics [13] as well
as materials used. The metal damper has a certain stiffness, and its energy dissipation mechanism
depends on the elastic-plastic deformation. It is cheap, easy to install, and less affected by temperature.
Therefore, it is suitable for all kinds of building structures and has a good economic value and
effectiveness for the reinforcement and reconstruction of existing and new buildings. Metallic dampers
can further be categorized into axial yield [14,15], shear yield [16], flexural yield [17,18], and combined
yield devices [19].

Existing forms of flexural yield dampers include the added damping and stiffness (ADAS)
device [20–22], triangular added damping and stiffness (TADAS) device [23,24], knee brace
device [25,26], steel-composited wall dampers and B-C-W members [27,28], non-uniform steel strip
damper [29], rhombic low yield strength steel plate [30], J-shaped steel hysteresis damper [31,32],
U-shaped damper [33–35], pipe damper [36], dual-pipe damper [37], bar-fuse damper [38], accordion
metallic damper [39], pipe-fuse damper [40], pure bending yielding dissipater [41], crawler steel
damper [42], and hourglass-shaped strip damper [43].

Because the yield load of single-sheet steel is small, some bending plate dampers need to be
combined with multiple sheets of the steel plate. In order to facilitate the energy consumption and
reduce the stress concentration, it is necessary to optimize the shape of the steel plate, which makes the
processing difficult and cannot eliminate the influence of the vertical force on the damper. In view
of the above problems, this paper proposes the improvement of a curved plate damper based on the
principle of the U-shaped damper. The mechanical characteristics and energy dissipation capacity of
the curved plate damper were investigated using theoretical and experimental methods.

2. Performance Parameters of Curved Plate Damper

Three views with dimensioning is shown in Figure 1. The parameters of the curved plate damper
mainly include thickness (t), width (b), and radius (R, R = R′ − t/2). The performance of the damper
will vary with the parameters. The AB section and CD section of the damper are straight sections
connected with other components, which constitutes the non-energy-consuming part of the damper,
as shown in Figure 1a. The half-arc AC and BD segments are the main work parts of the damper.

Figure 1. Front (a), lateral (b), and vertical (c) views of the curved plate damper.
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2.1. Elastic Stiffness Calculation Formula

A single semi-circular arc steel plate was taken as the research object, which can be regarded as
a curved beam with two fixed ends [44], as shown in Figure 2a. Figure 2b shows the deformation
sketch and internal force analysis diagram of the central axis of the semi-circular arc steel plate when
displacement (Δ = 1) occurs at the support.

 
(a) (b) 

Figure 2. Diagram of a single semi-circular arc steel plate (a) and computing model (b).

According to the elastic center method, using the symmetry of the structure, M and Q are
unknown symmetric forces, F is an unknown anti-symmetric force, and the force method equation can
be simplified as follows:

δ11M + δ12Q + Δ1C = 0
δ21M + δ22Q + Δ2C = 0

δ33F + Δ3C = 0

⎫⎪⎪⎪⎬⎪⎪⎪⎭ (1)

Using the rigid arm, the sum of δ12 and δ21 equals zero. Therefore, the simplified form of the
equation is expressed as follows:

δ11M + Δ1C = 0
δ22Q + Δ2C = 0
δ33F + Δ3C = 0

⎫⎪⎪⎪⎬⎪⎪⎪⎭ (2)

where Δ1C and Δ2C are zero due to the horizontal displacement of the support. In addition, the bending
moment (M) and vertical force (Q) at the elastic center are both zero. Thus, the above simplified
equation can be written as follows:

δ33F + Δ3C = 0 (3)

where δ33 and Δ3C can be written as

δ33 =
∫ M

2
3

EI ds +
∫ F

2
3

EA ds +
∫ Q

2
3

GA ds

=
∫ π

2
− π2

R2 sin2 α
EI Rdα+

∫ π
2
− π2

sin2 α
EA Rdα+

∫ π
2
− π2

cos2 α
GI Rdα

= Rπ
2

(
R2

EI +
1

EA + 1
GA

) (4)

Δ3C = −1 (5)

Introducing Equations (4) and (5) into (3), the force can be obtained as

F = −Δ3C
δ33

=
2

Rπ
(

R2

EI +
1

EA + 1
GA

) (6)
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where F is the force at the end of the damper with unit displacement, which is the elastic stiffness of the
damper with a semi-curved steel plate, and G is the shear modulus of elasticity (G = 0.4E). The elastic
stiffness of the damper can be simplified as follows:

K =
Ebt3

Rπ(6R2 + 7t2/4)
(7)

where E is the elastic modulus of the material, b is the width of the curved plate damper, and t is the
thickness of the curved plate damper.

2.2. Formula for Calculating Yield Strength

From the balance mechanism of the forces, the expression of elastic ultimate strength can be
obtained as

Fe · 2R = 2M (8)

The elastic ultimate strength can also be written as

Fe =
Me

R
=

fyWe

R
=

fybt2

6R
(9)

where fy is the yield load, and We is the elastic moment of resistance.
The method for determining the yield displacement in this paper is shown in Figure 3.

The horizontal and vertical coordinates at the intersection of tangent OA and AB are the yield
displacement and yield strength, respectively. Because the yield strength is greater than the elastic
ultimate strength, the adjustment coefficient β is introduced.

Figure 3. Schematic diagram of yield displacement.

The adjustment coefficient of the yield load can be determined by relevant tests and numerical
analysis. The yield load can be written as

Fy =
β fybt2

6R
(10)

2.3. Formula for Calculating Yield Displacement

The yield displacement can be expressed as

Δy =
Fy

K
=
β fyπ(6R2 + 7t2/4)

6Et
(11)

From Equations (7), (9), and (11), the elastic stiffness, yield strength, and yield displacement of
curved plate dampers can be calculated. By adjusting the relevant parameters, a damper was designed
to meet the needs of the project.
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3. Mechanical Properties of Curved Plate Damper

The curved plate damper was made of Q235B steel. Four groups of specimens were designed
for the material properties test. The thickness of steel plates for specimens 1 and 2 was 10 mm, and
that for specimens 3 and 4 was 6 mm. The material property test was loaded with a servo actuator
(maximum force capacity: 500 kN) in Civil Test Center of Southeast University (Nanjing, China) with a
loading rate of 1.2 mm/min. Based on the analysis of stress and strain data, the yield point was taken
as the yield strength of the steel. The mechanical properties of steel are shown in Table 1.

Table 1. Mechanical properties of steel.

Specimen
Yield

Strength/MPa
Tensile

Strength/MPa
Yield

Ratio/%
Elongation/%

CSPD (curved steel plate dampers)-1 249.48 375.47 66.44 35.20
CSPD-2 236.64 370.03 63.95 37.71
CSPD-3 245.09 358.03 68.46 37.59
CSPD-4 253.86 372.93 68.07 33.44

The four groups of curved plate dampers were named as CSPD-1, CSPD-2, CSPD-3, and CSPD-4,
respectively. The length of the straight section of the four groups was the same. Their geometric
dimensions are shown in Table 2.

Table 2. Specimen sizes.

Specimen b/mm t/mm R′/mm Straight Section/mm

CSPD-1 105 6 65 70
CSPD-2 105 10 65 70
CSPD-3 105 6 43 70
CSPD-4 85 6 65 70

3.1. Loading Device and Test Scheme

The test was carried out in Civil Test Center of Southeast University (Nanjing, China). The loading
equipment was a MTS 50-ton fatigue testing machine. The experiment was divided into four groups
with eight specimens, with each group having two identical specimens. In order to connect with the
servo actuator, a fixture was designed as shown in Figure 4. The inverted T-splint and T-base are
equipped with triangular stiffening ribs, and the components of the fixture are connected by the bolts.

       (a)                            (b)     

Figure 4. Schematic diagram of the fixture (a) and photograph (b) of the testing device.

The test was divided into standard loading and fatigue loading. According to the multiple of the
yield displacement of the damper (�), the target displacements of the CSPD-1 specimens were 2 mm
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(0.5 �), 4 mm (1 �), 8 mm (2 �), 12 mm (3 �), 16 mm (4 �), 20 mm (5 �), 24 mm (6 �), 28 mm (7 �), 32 mm
(8 �), 36 mm (9 �), and 40 mm (10 �), respectively. According to the multiple of yield displacement, all
specimens in this test were loaded in 11 stages. The target displacements of CSPD-2 were 1.2, 2.4, 4.8,
7.2, 9.6, 12, 14.4, 16.8, 19.2, 21.6, and 24 mm, respectively. The target displacements of CSPD-3 were 0.9,
1.8, 3.6, 5.4, 7.2, 9, 10.8, 12.6, 14.4, 16.2, and 18 mm, respectively. The target displacements of CSPD-4
were 2.1, 4.2, 8.4, 12.6, 16.8, 21, 25.2, 29.4, 33.6, 37.8, and 42 mm, and the target displacement circulated
three times. For fatigue loading, the Code for Seismic Design of Buildings (GB 50011-2010) stipulates
that the energy dissipator should circulate 30 times [13] under the designed displacement, and there
should be no obvious low-cycle fatigue phenomenon. The fatigue loading displacements of CSPD-1,
CSPD-2, CSPD-3, and CSPD-4 were 40, 24, 18, and 42 mm, respectively.

During the test, force and displacement data were automatically recorded by the servo actuator.
In order to study the mechanical properties of the damper, strain gauges were attached to the damper.
The locations of the measuring points are shown in Figure 5. Two strain gauges were attached to each
group of specimens at positions 1, 2, and 3.

Figure 5. Gauge position.

3.2. Experiment Result Analysis

The described four groups of specimens underwent standard loading. It was observed that when
the displacement was small, the damper showed no obvious change. However, with the increase
in displacement, the steel oxide layer of the damper’s semi-circular arc energy dissipation section
appeared to warp and spall with a relatively higher spall at the end of the semi-circular arc. The
damper produced plastic deformation during the cyclic loading process. The damper’s deformation
when it was loaded to the maximum displacement is shown in Figure 6. After 30 cycles of fatigue
loading, the damper had obvious deformations but no cracks. No obvious damage was observed and
the damper had good integrity.

 
(a) (b) 

Figure 6. Cont.
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(c) (d) 

Figure 6. Deformation of CSPD-1 (a), CSPD-2 (b), CSPD-3 (c), and COPD-4 (d) specimens at
maximum displacement.

3.2.1. Hysteretic Curve

From the data collected by MTS equipment, the hysteretic curves of curved steel plate dampers
are plotted in Figure 7. It can be seen that the hysteretic curves of dampers are full, the elastic stiffness
is large, the stiffness of dampers after yielding decreases, and the maximum and minimum loads of
dampers are not exactly the same. The reason may be that there were errors in the installation. The
four groups of specimens circulated three times at each target displacement, and the three curves
basically coincide, which indicates the stability of the damper.

Hysteretic curves under fatigue loading are shown in Figure 8. After 30 cycles of the cyclic loading,
the load indices of the specimens CSPD-1 and CSPD-4 decreased, but the attenuation was far less than
15%. However, the load attenuation of the specimens CSPD-2 was higher, about 13.51%. The load
attenuation of the specimens CSPD-3 presented positive and negative asymmetric state, which may be
due to an installation error. Therefore, the performance of CSPD-2 was slightly worse than that of
the other three specimens, but still met the relevant requirements of the code for dampers. It can be
concluded that overall, the curved plate damper had good hysteretic performance.

Figure 7. Hysteretic curves of CSPD-1 (a), CSPD-2 (b), CSPD-3 (c), andCSPD-4 (d) under standard loading.
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(a) (b) 

  
(c) (d) 

Figure 8. Hysteretic curve of CSPD-1 (a), CSPD-2 (b), CSPD-3 (c), and CSPD-4 (d) under fatigue loading.

3.2.2. Ductility Coefficient and Energy Dissipation Coefficient

According to the relevant provisions of test data processing in the code for seismic test methods of
buildings (JGJ-96), the ductility coefficient is the ratio of ultimate displacement to yield displacement.
The energy dissipation coefficient is measured by the envelope area of the hysteresis curve. The
diagram of the hysteresis curve is shown in Figure 9. The ductility coefficient can be written as

E =
S(ABC+CDA)

S(OBE+ODF)
(12)

Figure 9. Diagram of the hysteresis curve.

The ductility coefficient and energy dissipation coefficient of the curved plate damper are shown
in Table 3. The ductility and energy dissipation capacity of the four groups of specimens were good
with few exceptions. Among them, CSPD-2 had the smallest ductility coefficient, and CSPD-3 had the
smallest energy dissipation coefficient.
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Table 3. Mechanical properties of curved plate damper.

Specimen
Yield

Displacement/mm
Limit

Displacement/mm
Ductility

Coefficient μ
Energy Dissipation

Coefficient E

CSPD-1 4.37 40 9.15 2.90
CSPD-2 2.66 24 9.02 2.83
CSPD-3 1.86 18 9.68 2.73
CSPD-4 4.52 42 9.29 2.96

3.2.3. Strain Analysis

The longitudinal coordinate of the strain analysis curve represents the strain value at the measuring
point. As shown in Figure 5, strain gauges were attached at three locations on the curved surface steel
plate damper. Because the locations of measuring points 1 and 3 were the same, the average values of
positive strain extremum at measuring points 1 and 3 were taken. The transverse coordinates were
unified as the loading displacement (n × Δ), where Δ is the prediction of the yield displacement.

From Figure 10, it can be seen that the strain at point 1 is much larger than that at point 2, which
shows that the plastic deformation at the end of the semi-circular arc was large, and that the stress was
also large for curved plate dampers. It is not difficult to see from Figure 10a that when the loading
displacement was greater than 3Δ, the strain values of the specimens began to differ significantly. The
strains of specimens CSPD-1 and CSPD-4 increased rapidly. At 6Δ, the strain increment of the CSPD-2
specimens slowed down, while the strain of the CSPD-3 specimens increased rapidly from 7Δ.

Figure 10b demonstrates the strain curve at point 2. It can be seen that the strain increment trend
of the four groups of specimens was approximately the same. When loaded to 10Δ, the strain values of
the other specimens were similar except for the small strain values of CSPD-2 specimens.

 
  (a)                                          (b) 

Figure 10. Strain at points 1 (a) and 2 (b).

3.3. Finite Element Analysis

3.3.1. Hysteresis Curve Analysis

The model shown in Figure 11 was built in general FEM software known as ANSYS. The shell unit
shell181 was selected for the model. The constitutive relation of the bilinear follow-up reinforcement
model was used for steel material. The elastic modulus of Q235 steel was used as 2.06 × 105 Mpa,
Poisson’s ratio as 0.3, and yield strength was taken according to Table 1. The model was developed
according to the size of CSPD-1, CSPD-2, CSPD-3, and CSPD-4 dampers. The flat section of the bottom
of the damper was completely fixed, while the flat section of the top was only horizontally displaced.
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Figure 11. Finite element model.

In the process of standard loading, the hysteretic loops of the double yield displacement and
10 yield displacements were compared with the results of the finite element method. Two specimens
were used in each group at the same time. Therefore, the results of the finite element simulation needed
to be magnified twice. Figures 12–15 show the hysteretic curves of the four specimens.

(1) In Figure 12, the hysteretic curve coincides well at 4 mm. The positive and negative values are
asymmetric in the hysteretic curve at 40 mm. Because the stiffness of CSPD-1 is small, then
the horizontal deformation causes an error in the final load value, when the load displacement
is large.

(2) In Figure 13, the asymmetry of the hysteretic curve also exists at 2.4 mm. At 24 mm, the maximum
load of the test curve and the finite element curve are basically the same, but the envelope area of
the finite element curve is slightly larger, and the second stiffness of the damper is smaller.

(3) In Figure 14, the hysteretic curve coincides well at 1.8 mm. The maximum load coincides well at
24 mm, and the envelope area of the finite element curve is slightly larger.

(4) In Figure 15, the hysteretic curve coincides well at 4.2 mm, and the curve of finite element analysis
shows an upward trend at 42 mm, which is different from the shape of the test curve. This is
because the boundary condition set in the finite element analysis is complete bonding, and a bolt
connection is used in the test, which cannot be precisely achieved.

(a)                                           (b) 

Figure 12. Hysteresis curve at 4 mm (a) and 40 mm (b) of CSPD-1.
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                      (a) (b) 

Figure 13. Hysteresis curve at 2.4 mm (a) and 24 mm (b) of CSPD-2.

                    (a)    (b) 

Figure 14. Hysteresis curve at 1.8 mm (a) and 18 mm (b) of CSPD-3.

                     (a)  (b) 

Figure 15. Hysteresis curve at 4.2 mm (a) and 42 mm (b) of CSPD-4.

Generally speaking, the curve of the finite element analysis is basically the same as that of the test;
therefore, the finite element model is reasonable. However, the ideal elastic-plastic model of material
in the finite element is different from the actual material. There are many factors affecting the test
process, including processing, installation, and other errors. It is impossible to achieve the ideal state
in finite element settings, and some errors are acceptable.
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3.3.2. Analysis of Mechanical Property Parameters

According to the theoretical formula of the curved plate damper, combined with the experimental
and numerical data presented in this paper, a comparison of mechanical properties of curved plate
dampers is provided in Table 4. The coefficient beta (β)in the calculation formula can be determined
according to the test value and the finite element value. The yield displacement and yield bearing
capacity in the test and the finite element simulation were averaged, and then, correspondingly, the
theoretical values were determined to be equal. The error was smaller when the calculation yields a β
factor value of 1.78. The maximum error of the mechanical properties is listed in Table 4. Except for
some errors of elastic stiffness greater than 10%, the other errors were smaller. This shows that the finite
element calculations in conjunction with theoretical formulae can reasonably reflect the performance
of the damper.

Table 4. Comparison of mechanical properties of curved plate dampers.

Items CSPD-1 CSPD-3 CSPD-4 CSPD-6

Test result
Yield displacement (mm) 4.37 2.66 1.86 4.52

Yield bearing capacity (kN) 8.78 25.42 12.53 6.97
Elastic stiffness (kN/mm) 1.92 9.56 6.74 1.54

Finite element
simulation

Yield displacement (mm) 4.18 2.44 1.82 4.20
Yield bearing capacity (kN) 9.34 27.11 14.04 7.56

Elastic stiffness (kN/mm) 2.13 10.11 7.71 1.80

Theoretical
calculation

Yield displacement (mm) 2.48β 1.40β 1.04β 2.47β
Yield bearing capacity (kN) 5.00β 14.37β 7.76β 4.05β

Elastic stiffness (kN/mm) 2.02 10.23 7.43 1.64

Maximum error
Yield displacement (mm) 5.50% 9.02% 2.20% 7.62%

Yield bearing capacity (kN) 6.38% 6.65% 10.75% 7.80%
Elastic stiffness (kN/mm) 9.86% 7.01% 12.58% 14.44%

4. Conclusions

In this paper, four groups of curved plate dampers were selected for theoretical analysis and
mechanical properties testing. The main conclusions are as follows:

(1) No visible cracks were found in the dampers during standard loading and fatigue loading, and
no obvious damage was observed. The hysteretic curves of standard loading and fatigue loading
were very full. In standard loading, each target displacement cycle had three cycles, and the
three curves coincided. After 30 cycles of the fatigue cycle, the attenuation of the load index was
less than 15%, which indicates that the damper had stable performance. It can be seen from the
ductility and energy dissipation coefficient that the four dampers have good deformation and
energy dissipation performance.

(2) Through stress analysis, the strain at the top of the semi-circular arc was much smaller than
that of the end of the semi-circular arc, which shows that for curved plate dampers, the plastic
deformation at the end of the semi-circular arc was large, the stress was also large, and the strain
change rate was also large.

(3) The finite element model was established to simulate the loading process of the specimens.
Compared with the hysteretic curves obtained in the test, it was found that the two curves were
basically the same except for the individual specimens. Because there are many influencing
factors in the testing process, the positive and negative hysteretic asymmetry of the test curve will
occur when the small displacement is loaded. In case of the large displacement, the hysteretic area
of the finite element analysis curve is slightly larger. The mechanical properties of the damper
can be obtained through experiments, finite element simulations, and theoretical calculations.
It is reasonable to obtain a coefficient beta of 1.78 by numerical and theoretical computations.
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The maximum error was within the allowable range. At the same time, the correctness of the
finite element model and the theoretical formulae was proved.

In conclusion, the curved plate damper had the characteristics of a simple structure, clear
mechanical performance, and good stability.
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Abstract: This paper proposes a synthetic approach to design and implement a two-degree of
freedom tuned mass damper (2DOFs TMD), aimed at damping bending and torsional modes of
bridge decks (it can also be applied to other types of bridges like cable-stayed bridges to realize the
energy dissipation). For verifying the effectiveness of the concept model, we cast the parameter
optimization of the 2DOFs TMDs conceptual model as a control problem with decentralized static
output feedback for minimizing the response of the bridge deck. For designing the expected modes
of the 2DOFs TMDs, the graphical approach was introduced to arrange flexible beams properly
according to the exact constraints. Based on the optimized frequency ratios, the dimensions of 2DOF
TMDs are determined by the compliance matrix method. Finally, the mitigation effect was illustrated
and verified by an experimental test on the suspension bridge mock-up. The results showed that the
2DOFs TMD is an effective structural response mitigation device used to mitigate the response of
suspension bridges. It was also observed that based on the proposed synthetic approach, 2DOFs
TMD parameters can be effectively designed to realize the target modes control.

Keywords: tuned mass damper; multi-degree of freedom; graphical approach; suspension bridges

1. Introduction

With the tendency to use longer spans, the damping of modern suspension bridges is seriously
reduced. Complex vibration problems follow, such as wind-induced vibration, human-induced
vibration, cable-structure interactions and flutter instabilities [1–4]. It is admitted that the oversensitivity
to dynamic excitation of suspension bridges is associated with the very low structural damping in the
global bridge modes [5,6]. Therefore, the dissipation of the vibration energy generated by the dynamic
loadings is a central issue in their design. At present, the use of damping systems such as tuned mass
damper (TMD) [7], viscous dampers [8,9], or active tendon control [10] is a classical way to alleviate the
vibrations in structures. This study aims at the design of multi-degree of freedom TMD for vibration
damping of a suspension bridge deck.

Considering their simplicity and effectiveness, tuned mass dampers have been widely used in
bridges such as the London Millenium bridge, for damping both lateral and vertical vibrations of the
deck. Since Frahm et al. proposed the fundamental theory, TMDs have seen numerous applications
in civil engineering [11–13]. Thus, Ben Mekki and Bourquin [14,15] proposed a new semi-active
electromagnetic TMD of pendulum type to damp the torsional mode of an evolving bridge mock-up.
Their studies showed that the tuned pendulum damper (TPD) is very effective in vibration damping,
qualitatively and quantitatively confirming the theoretical predictions. However, the TMDs can only
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control single mode and easy detune, which limits their further development. For the robustness of
vibration control and targeting several vibration modes, the multiple tuned mass dampers (MTMDs)
has been proposed, and its performance is more effective as compared to the single TMD. The superior
effectiveness of the MTMDs is able to control almost any type of vibration in civil structures [16].
The MTMDs is used to damp suspension bridges for several purposes. In some studies, the MTMDs
are used to the suppression of buffeting, flutter or increasing the critical flutter wind speed [17,18].
Other studies consider MTMDs for alleviating pedestrian- and jogger-induced vibration [19–22] or
traffic-induced vibration [23–26].

Generally, the weight of a TMD is limited to 1–3% of the structure weight. Hence, as the number
of targeted modes increases, a large number of TMDs will increase the burden on the primary system
and limit the damping performance (called weight penalty). To avoid such a penalty, in our previous
study [27], we proposed to design a two-degree of freedom TMD, where the original mass of TMD is
redistributed in such a way that the TMD has a bending mode and a torsional mode. In this design
the resonance frequencies and the modal damping of the two modes can be tuned independently.
In addition, Zuo and Nayfeh have proposed a multiple degrees of freedom TMD (MDOFs TMD),
and experimentally demonstrated that the MDOFs TMD can damp six modes of the primary structure.
They also showed that a MDOFs TMD can be used to attain better vibration suppression for single
mode vibration of a primary structure [28]. Jang et al. described a novel method for selecting the
parameters of a 2DOFs TMD with translational and rotational degrees of freedom [29]. Ma and
Yang et al. presented a design of a multi-DOFs TMD to alleviate the dominant mode of the work
piece/fixture assembly in milling [30–32].

As the DOF increases, by only selecting the appropriate DOFs and tuned frequencies, the TMDs
can reach the best vibration control of the primary structure. Therefore, designing a TMD with expected
DOFs and natural frequencies becomes an urgent problem. Unfortunately, due to its complicated
structure and easily detuning, the further study on the implementation of MDOFs TMD is rare.

In this paper, we propose a synthetic approach based on both the graphical approach and
parameterized compliance for the concrete design of the TMDs with the expected DOFs and we verify
their feasibility and performance by numerically and experimentally way on a laboratory suspension
bridge mock-up. The paper is organized as follows: Section 2 describes the vibration characteristics
of the bridge mock-up and builds a concept model of bridge with two 2DOFs TMDs. Based on the
equations of motion, the decentralized control technique is directly used to optimize the stiffness and
damping coefficients of the springs and dampers to obtain the optimum frequency ratios in Section 3.
Section 4 presents the detailed design process of the 2DOFs TMDs based on the graphical approach and
compliance analysis. Section 5 mainly focuses on evaluating the damping performance and verifying
the proposed design method. Finally, findings and conclusions of the study are summarized at the end.

2. Formulation of the Bridge–TMD System

Our goal is to use two 2DOFs TMDs to control the first four vibration modes of the suspension
bridge simultaneously. The 2DOFs TMD is decoupled in the physical coordinates, their mode shapes
follow the physical coordinate of the mock-up, and the corresponding resonance frequencies can
be tuned independently to match the desired design. The suspension bridge mock-up and its finite
element modelling are detailed described in our previous studies [27,33,34]. Here, this paper only lists
the vibration characteristics of the bridge mock-up, as shown in Table 1.

Since the tuning TMDs becomes increasingly complex, we cast the parameter optimization of
the 2DOFs TMDs as a control problem with decentralized static output feedback for minimizing the
response of the bridge system. This method has been used successfully for a single mode vibration
control of a MDOFs TMD by Zuo and Nayfeh [28]. The concept model of the 2DOFs TMDs is to take
the springs as local feedback elements of relative displacements and the dampers as local feedback
elements of relative velocities, as shown in Figure 1.
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Table 1. The numerical and experimental natural frequencies and mode shapes of the bridge mock-up.

Mode
Numerical

[Hz]
Experimental

[Hz]
Experimental

Damping
Numerical

Mode Shape
Experimental
Mode Shape

1st B 4.5 4.4 0.14%

2nd B 6.9 6.4 2.28%

1st T 9.3 9.4 0.62%

2nd T 10.2 10.2 0.23%

3rd B 11.2 12.2 0.49%

B stands for bending mode, T stands for torsional mode.

 
Figure 1. Concept model of the 2DOF TMDs: the bridge system equipped with two TMDs.

In this way, the role of the springs and dampers can be replaced by a control force vector, where
the control gain is composed of the spring stiffness and damping coefficients (ki and ci for i = 1, 2, . . . ,
6). The mass matrix Mn×n, stiffness matrix Kn×n and viscous damping matrix Cn×n is extracted from
the numerical model of the suspension bridge mock up, respectively. The 2DOFs TMD has two planar
degrees of freedom, translation x1 (x2) and rotation θ1 (θ2). Its mass is md1 (md2) and the rotational
inertia about its center of mass is Id = mdρ

2, where ρ is the radius of gyration.
The 2DOFs TMD is connected to the primary system at distances d1 (d2) from its center of mass

via dashpots and springs. Therefore, the control force vector [u1, u2, . . . , u6] in this case are given by:

u1 = k1
(
x1 −BT

2 X− θ1d1
)
+ c1

( .
x1 −BT

2

.
X− .
θ1d1

)
, (1)

u2 = k2
(
x1 −BT

2 X + θ1d1
)
+ c2

( .
x1 −BT

2

.
X +

.
θ1d1

)
, (2)

u3 = k3
(
x1 −BT

2 X
)
+ c3

( .
x1 −BT

2

.
X
)
, (3)

u4 = k4
(
x2 −BT

3 X− θ2d2
)
+ c4

( .
x2 −BT

3

.
X− .
θ2d2

)
, (4)

u5 = k5
(
x2 −BT

3 X + θ2d2
)
+ c5

( .
x2 −BT

3

.
X +

.
θ2d2

)
, (5)
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u2 = k2
(
x1 −BT

2 X + θ1d1
)
+ c2

( .
x1 −BT

2

.
X +

.
θ1d1

)
, (6)

where X is the vector of global coordinates of the finite element model, B2 and B3 are the input vector
of this two TMDs, respectively.

The equations can govern the vibration of the coupled system can be decomposed into:

md1
..
x1 = −u1 − u2 − u3, (7)

md2
..
x2 = −u4 − u5 − u6, (8)

Id1
..
θ1 = u1d1 − u2d1, (9)

Id2
..
θ2 = u4d2 − u5d2, (10)

The governing equations can then be written as

M
..
X + C

.
X + KX = B1 fd + B2(u1 + u2 + u3) + B3(u4 + u5 + u6), (11)

where fd is the external disturbances, B1 is the input vector of the external disturbances. We can express
Equations (7)–(11) in matrix form as:

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣
M 0 0 0 0
0 md1 0 0 0
0 0 md2 0 0
0 0 0 Id1 0
0 0 0 0 Id2

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦

⎛⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎝

..
X
..
x1
..
x2..
θ1..
θ2

⎞⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎠
+

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣
C 0 0 0 0
0 0 0 0 0
0 0 0 0 0
0 0 0 0 0
0 0 0 0 0

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦

⎛⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎝

.
X
.
x1
.
x2.
θ1.
θ2

⎞⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎠
+

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣
K 0 0 0 0
0 0 0 0 0
0 0 0 0 0
0 0 0 0 0
0 0 0 0 0

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦

⎛⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎝
X
x1

x2

θ1

θ2

⎞⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎠

=

⎛⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎝
B1

0
0
0
0

⎞⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎠
fd +

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣
B2 B2 B2 B3 B3 B3

−1 −1 −1 0 0 0
0 0 0 −1 −1 −1
d1 −d1 0 0 0 0
0 0 0 d2 −d2 0

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦

⎛⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎜⎝

u1

u2

u3

u4

u5

u6

⎞⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎟⎠

, (12)

or
Mp

..
p + Cp

.
p + Kpp = B f fd + Buu, (13)

where p = [X, x1, x2, θ1, θ2]T and u = [u1, u2, . . . , u6] and T denote the complex conjugate matrix
transpose. The matrices Mp, Cp, Kp, Bf, and Bu can be obtained from Equation (12) directly.

Defining the state variables of the system as:

x =

[
p
.
p

]
, (14)

The governing equations are written in first-order form as:

.
x = Ax + B11w + B12u, (15)

where w = fd and:

A =

[
0 I

−M−1
p Kp

]
, B11 =

[
0

M−1
p B f

]
, B12 =

[
0

M−1
p Bu

]
, (16)

103



Appl. Sci. 2020, 10, 457

The cost output can be taken as the absolute or relative displacement, velocity, or acceleration of
the primary system, which can be expressed in the form:

z = C1x + D11w + D12u, (17)

For the displacement response of the primary system, the cost output can be written as:

z = X = C1x, (18)

where:
C1 =

[
In×n On×4 On×n On×4

]
, (19)

To complete the state-space description, we rewrite the control force given by Equations (1)–(6) as
a static feedback gain F multiplied by the “measurement output” y:

u = Fy =

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣
k1 c1

k2 c2

· · · · · ·
k6 c6

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦y, (20)

where y is given by:

y = [x1 −BT
2 X− θ1d1,

.
x1 −BT

2

.
X− .
θ1d1, x1 −BT

2 X + θ1d1,
.
x1 −BT

2

.
X +

.
θ1d1,

x1 −BT
2 X,

.
x1 −BT

2

.
X, x2 −BT

3 X− θ2d2,
.
x2 −BT

3

.
X− .
θ2d2, x2 −BT

3 X + θ2d2,
.
x2 −BT

3

.
X +

.
θ2d2, x2 −BT

3 X,
.
x2 −BT

3

.
X]T = C2x + D21w + D22u

, (21)

where C2 can be obtained from the definition of the state given by Equation (14) and the matrices D21

= 0 and D22 = 0. Equations (15), (17), and (21) cast the design of the two 2DOFs TMDs system as a
decentralized control problem in the block diagram of Figure 2.

 
Figure 2. Block diagram of the bridge—2DOFs TMDs system with decentralized control.

3. Numerical Optimization and Simulation

According to above equations, the decentralized control techniques can be directly used to
optimize the damping and stiffness coefficients of the dampers and springs to achieve performance
(measured by z) under the disturbance w. The minimax numerical method [28] is utilized to minimize
the response magnitude of the primary system.

3.1. Optimization Criteria

Traditionally, based on the Den Hartog method, the optimized frequency ratio and TMD damping
ratio are aimed to minimize the structural response by the minimization of the structural dynamic
magnification function. This classic procedure consists of two separate steps: tuning of the frequency
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of the damper, and selection of the optimal level of the TMD damping ratio. This classic procedure has
been used in our previous research [27]. The goal of this study is to design the parameters (ki and ci for
i = 1, 2, . . . , 6) in order to determine the optimum frequency ratio νj (j = 1, . . . , 4) and the optimum
TMD damping ratio ξj for minimizing the response of the bridge system.

Due to the fact that the maximum amplitude of the bridge system should be controlled in a
reasonable range, herein the damping performance of TMDs is evaluated by the H∞ criterion. H is the
selected FRF value of the bridge system under the excitation fd. The value range of Hj is constrained by
the value range of ωj (ωj ε [0.7ωsj,1.3ωsj]). The goal of the optimization is to minimize the maximum
value of each value range of Hj. χ = [k1, c2, . . . , k6, c6]T is selected as the design parameter vector of the
TMDs. The optimization problem can be written as:

Find : χ = [k1, c1, k2, c2, k3, c3, k4, c4, k5, c5, k6, c6]
T

Minimize :
4∑

j=1
Wj

(
max

∣∣∣∣Hj
(
χ,ω j

)∣∣∣∣)
Subject to : I =

{
j
∣∣∣∣0.7ωs j ≤ ω j ≤ 1.3ωs j, ω j =

∣∣∣eig(A + B12FC2)
∣∣∣}

(22)

where j (j = 1, . . . , 4) is the mode number considered and ωsj is the j-th natural frequency of the primary
system. ωj is the evaluation of the eigenvalues, which corresponding to the modal frequencies of the
entire system inside the specified frequency band. Wj = 0.25, which is the weight coefficient. For each
TMD, 2% of the total mass of the structure.

3.2. Numerical Optimization Results

Two TMD devices are used to damp the mode pairs (1B,2T) and (2B,1T); one TMD is placed
at the quarter length of the deck (TMD1), the second is located at the center of the deck (TMD2).
A detailed description is shown in Section 4.2. A disturbance force fd is applied at one fixed point of
the deck edge and the displacement z is measured at another fixed point, as shown in a small graph of
Figure 3. According to Equation (22), the frequency response functions of the primary system with two
2DOFs TMDs are optimized, and the optimum frequency ratios and TMD damping ratios are obtained,
as listed in Table 2.

 
Figure 3. Numerical results: FRFs of the deck without and with the TMDs. The TMDs are targeted for
the damping of the mode pair (2B,1T) and (1B,2T).
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Table 2. Optimum parameters of 2DOFs TMDs.

TMD
Optimum Frequency Ratios Optimum Damping Ratios

ν1 ν2 ξopt1 (%) ξopt2 (%)

TMD1 0.9422 1.029 13.5 10.7
TMD2 0.9594 1.020 17.6 9.8

Figure 3 shows the frequency responses of the deck z/fd, when: (i) without any TMD; (ii) the four
classical TMDs are targeting to damp the two mode pairs (2B,1T) and (1B,2T), which is achieved by
Den Hartog criterion; and (iii) the two 2DOFs TMDs are targeting to damp the two mode pairs (2B,1T)
and (1B,2T), which is optimized by that introduced in the present paper. The results indicate that the
2DOFs TMD concept model is effective to suppress both the bending modes and torsional modes of
the bridge system at the same time. But, if using the classical configuration of the TMD, we need four
TMDs, each of them is tuned on a single mode at the same time: two translation TMDs, with a lumped
mass identical to that used in the 2DOFs TMD, and two other TMDs with moment of inertia identical
to that of the 2DOFs TMD too. Hence, comparing with the classical configuration of TMD, the two
2DOFs TMDs can reduce the weight penalty.

Figure 4 shows the FRF for different sensor locations, with the same TMD design as in Figure 3.
This figure demonstrates the robustness with respect to the FRF used in the TMD design. Figure 5 plots
the frequency response curve of the bridge equipped with TMD1, for different values of the TMD1
damping ratio ξ. Here, the TMD1 damping ratio ξ is selected as 10% ξopt, 25% ξopt, 50% ξopt and ξopt,
respectively, and the ξopt is the optimum damping ratio of TMD1, which is listed in Table 2. From this
figure, we see that the dynamic responses of the bridge deck always tend to decrease on increasing the
damping ratio of TMD1. Furthermore, the frequency ratio is insensitive to the TMD damping ratio,
but if the action is not perfectly resonant, the performance of TMD may decay seriously even though
the value of the TMD damping ratio is very high [35]. For TMD structure design, unlike the damping
ratio ξj which is difficult to quantify, the frequency ratio νj is important parameter which can be used
to guide the following TMD structural parameters design.

  
(a) (b) 

Figure 4. Cont.
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(c) (d) 

Figure 4. Numerical results: FRFs of the deck respect to different measuring position (a–d). The
excitation point is fixed.

Figure 5. Influence of the damping of TMD1 on the FRF of the system. ξ = 10% ξopt, 25% ξopt, 50% ξopt

and ξopt, respectively.

4. Structural Design of 2DOFs TMD

Due to the lack of an effective theoretical guidance, deterministic structure design of multi-DOFs
TMDs is still a challenge in the field of TMD design. The main problems are: (1) kinematic constraints
design of the multi-DOFs, it ensures that the TMDs have the expected DOFs; and (2) parametric
modeling of the multi-DOFs, that contributes to design the TMD and ensure it has the expected natural
frequencies. To solve the above problems, this study presents a synthetic approach based on both the
graphical approach [36] and parameterized compliance for the concrete design of the TMD with the
expected DOFs.

4.1. Graphical Approach

The screw theory as the theoretical foundation of graphical approach have been widely applied to
design and analysis the compliant mechanisms [37,38]. For object behavior design, adding constraints
is the most important step to reach the specific motion. Thus, finding the relationship between the
constraints and movements is indispensable in TMD design. Currently, the screw theory is the most
popular way to describe this relationship. In the screw theory, a unit screw $ is defined by a straight
line with an associated pitch and is represented as a pair of three-dimensional vectors:

$ =

[
s

s0 + hs

]
=

[
s

r× s + hs

]
, (23)
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where s0 = r × s defines the moment of the screw axis about the origin of a coordinate system, s is a
unit vector parallel the screw axis, r is the position vector of any point on the screw axis with respect to
the origin of a coordinate system, and h is the pitch of the screw. If h is equal to zero, the screw reduces
to a line quantity (Figure 6a):

$t =

[
s
s0

]
=

[
s

r× s

]
, (24)

If h is infinite, the screw reduces to:

$w =

[
0
s

]
, (25)

In addition, an infinite-pitch screw can be considered as a line located at infinity, as shown in
Figure 6b.

For a better understanding and applicability, the two special cases of unit screw ($t, $w) are
visualized by geometric patterns in Figure 7. The unit screw of zero pitch ($t) stands for a pure rotation
in freedom space (rotational freedom line) or a unit pure force in static along the line in constraint space
(constraint force line). A unit screw of infinite pitch represents a pure translation in freedom space
(translational freedom line) or a pure couple in constraint space (constraint couple line). It is worth
noting that the rotational freedom line represents the axis of rotational movement, and the constraint
couple line stands for the axis of couple imposed on a rigid body.

  
(a) A line (b) An infinite-pitch screw 

Figure 6. A unit screw.

 
Figure 7. Geometric patterns representing screws.

Based on Maxwell’s principles of constraints, the freedoms and constraints in a mechanical system
can be defined as:

N = 6− n, (26)

where N is the number of DOFs, n is the number of non-redundant constraints. When a rigid body
(e.g., TMD) is constrained by several mechanical connections providing n constraints, while N DOFs of
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the body will remains. In this regard, based on the reciprocal screw theory, n non-redundant constraints
form a wrench $1 in constraint space, and the remained DOFs constitute a twist $2 in freedom space [39].
Based on the definition, the reciprocity of these two screw systems is expressed as:

$T
1 Δ$2 = s1 · (r2 × s2 + h2s2) + s2 · (r1 × s1 + h1s1)

= (h1 + h2)(s1 · s2) + (r2 − r1) · (s2 × s1)

= (h1 + h2) cosα12 − a12 sinα12

= 0

(27)

where Δ =

(
0 I
I 0

)
, a12 is the normal distance of the two screw axes and α12 is the twist angle between

the two screws. h1 and h2 denote the pitch of $1 and $2, respectively.
Thus, according to Equation (27), the relationship between the freedom lines and the constraint

lines can be written as a brief form in Table 3.

Table 3. Geometric relationship between the freedom and constraint lines.

Geometric Condition

Freedom Space ($2)

Rotational Freedom
Line

(h2 = 0)

Translational Freedom
Line

(h2 =∞)

Constraint space ($1)

Constraint force line
(h1 = 0)

Coplanar (intersecting or
parallel) a12 sinα12 = 0

Perpendicular
α12 = 90◦

Constraint couple line
(h1 =∞)

Perpendicular
α12 = 90◦ Arbitrary

The 2DOFs TMD with the expected DOFs and mode shapes can be designed by the above
geometric relationship.

4.2. Conceptual Design of the TMDs

By studying the characteristics of human-induced vibration, it is found that the first four modes of
suspension bridge are easy to be stimulated to produce resonance phenomenon, which is the primary
target of vibration reduction. The targeted mode shapes are shown in Figure 8.

The optimal location of a TMD is at the maximum modal displacement. Hence, the center of the
deck (point A) is the optimal location for the second bending and the first torsional modes of the deck
(2B,1T), while for the first bending and the second torsional modes (1B,2T), it is at the quarter length of
the deck (point B). The motion of the TMDs only along the vibration direction of the two pairs can
reach the best vibration control. Two TMDs have the same geometric relationship as shown in Figure 9.
Therefore, the dimension of the freedom space N is two, and the dimension of the constraint space is
four, according to Equation (26).

The translational freedom line and rotational freedom lines are orthogonal in Figure 9a. For the
constraint space, the four constraint force lines intersect with the rotational freedom line and are
orthogonal with the translational freedom line. Here the constraint couple lines can be ignored
due to the fact that four constraint force lines have already formed the expected constraints. Thus,
the corresponding constraint space can be divided into two pairs, each pair contains two parallel
constraint force lines, and these two pairs are orthogonal (Figure 9b). Then constraint force lines are
implemented by flexure elements, each of them can provide single DOF constraint along its axial
direction (Figure 9c). Therefore, the exact constraints are formed on the TMDs and the expected DOFs
are defined.
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Figure 8. Shapes of the targeted modes and the corresponding optimal location of the TMD: the optimal
location of the modes (2B,1T) at point A, while it is point B for modes (1B,2T); the freedom space of
the TMDs.

 
(a) (b) (c) 

Figure 9. Conceptual design of 2DOFs TMDs: (a) freedom space of 2DOFs TMD; (b) constraint space
of 2DOFs TMD; (c) physical model of 2DOFs TMD.

4.3. Parametric Design of 2DOFs TMDs

The conceptual model of TMDs only have two expected DOFs, but in actual design, due to the
material and geometric properties, the TMD may have more DOFs than expected. The corresponding
redundant modes of TMD may affect the performance of TMD, even lead to TMD failure. This is a key
problem that has been perplexing TMD design. In general, the redundant modes which are far from
the targeted modes can be ignored, and the empirical design has always been the major tool to achieve
this goal. However, as the number of DOF increases, the empirical method gradually fails to realize
the complex design of TMDs. Furthermore, the empirical design may cause the increase in time and
cost. Therefore, the theoretical guidance has become particularly important in the multi-DOFs TMD
design. In this section, we introduce a parameterized compliance approach for parametric design of
the 2DOFs TMD.

Figure 10 shows the configuration of the TMD. It can be seen that the TMD is formed by eight
slender beams in parallel distributed on mass block, which is transformed from physical models
(Figure 9c). Each slender beam is considered as cantilever beam (Figure 10a) with length L, width w,
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and thickness t. Then, according to the Bernoulli-Euler model, the compliance matrix Ccp (p = 1, . . . , n)
for each slender beam at location coordinate system Oxyz is given as follows:

Ccp =
Lp

EIy
diag

{
α 1 1

χγ

L2
p

12
L2

p
12α

L2
p

12β

}
, (28)

where:

α =
( t

w

)2
, βp =

(
t

Lp

)2

,χ =
G
E

=
1

2(1 + ν)
,γ =

J
Iy

, (29)

and

Ix =
w3t
12

, Iy =
wt3

12
, J = Ix + Iy, (30)

where G, E is the shear and Young’s modulus, respectively. γ is the ratio of torsion constant over
moment of inertia, ν is the Poisson’s ratio.

 
(a) (b) (c) 

Figure 10. Coordinate systems of the slender beams: (a) local coordinate; (b) upper view of global
coordinate; (c) front view of global coordinate.

Further, to simplify the following non-dimensionalization, we choose t = w, and according to
Equations (29) and (30), γ = 2. Due to the different length of slender beam (L1, L2 and s = L1/L2),
the compliance matrix of two type slender beams can be written as:

CcA =
L2

EIy
diag

[
s s s

2χ
s3L2

2
12

s3L2
2

12
sL2

2
12 β2

]
, (31)

CcB =
L2

EIy
diag

[
1 1 1

2χ
L2

2
12

L2
2

12
L2

2
12β2

]
, (32)

In order to combine the local compliance matrix Ccp of the eight slender beams, they should be
transformed from the local to global coordinate system. The origin O’ of the global coordinate system
O’XYZ is defined in the centroid of the mass block (Figure 10b). For the parallel flexure mechanism,
the global compliance matrix can be given as:

Cs =

⎛⎜⎜⎜⎜⎜⎜⎝ m∑
p=1

(
AdpCcpAdT

p

)−1
⎞⎟⎟⎟⎟⎟⎟⎠
−1

, (33)

where m is the number of slender beams; Adp is the adjoint transformation matrix from the pth element
to the global system:

Adp =

[
Rx,y,z(θ) 0

TRx,y,z(θ) Rx,y,z(θ)

]
, (34)
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where T is the translation matrix. Rx,y,z(θ) = Rx(θ)Ry(θ)Rz(θ), which is the multiplication of rotation
matrices. Rx(θ), Ry(θ), and Rz(θ) stand for the rotation matrices by an angle θ about the x, y, and z
axis, respectively. They are given in Equation (35):

Rx(θ) =

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎣
1 0 0
0 cosθ − sinθ
0 sinθ cosθ

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎦, Ry(θ) =

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎣
cosθ 0 sinθ

0 1 0
− sinθ 0 cosθ

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎦, Rz(θ) =

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎣
cosθ − sinθ 0
sinθ cosθ 0

0 0 1

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎦,
(35)

For the vector (Δx, Δy, Δz)T between two position, the translation matrix can be expressed as

T =

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎣
0 −Δz Δy

Δz 0 −Δx
−Δy Δx 0

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎦, (36)

Based on Equations (33)–(36), the global compliance matrix of TMD is computed by:

Cs =
L2

EIy

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣

c11

c22

c33

c44

c55

c66

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦
, (37)

The principal diagonal elements of Cs are selected as follows:

c11 =
L2

2β2s3

16

(
1

β2L2
2s3+β2L2

2s2+3β2L2d1s+3β2L2d1s3+3β2d2
1+3β2d2

2s3+3d2
4s2

)
c22 =

L2
2s3

16

(
1

0.5χL2
2s3+L2

2s2+3L2d1s+3d2
1+3d2

3s3

)
c33 =

L2
2β2s3

16

(
1

β2L2
2s3+0.5χβ2L2

2s2+3β2L2d2s3+3β2d2
2s3+3d2

3s3+3β2d2
4

)
c44 =

L2
2s3

48

(
1

s3+1

)
c55 =

L2
2β2s3

48

(
1

s3+β2

)
c66 =

L2
2β2s
16

(
1

β2s+1

)
, (38)

where c11, c22, and c33 are the rotational compliance/stiffness about the x, y and z axis while c44, c55,
and c66 are the translational compliance/stiffness along the x, y and z axis, respectively. In the end,
the natural frequencies of 2DOFs TMDs can be approximate calculated by Equations (39)–(41).

The bending mode:

ω1 =
1

2π

√
k44

md
=

1
2π

√
1

md

(
L2c44

EIy

)−1

, (39)

The torsional mode:

ω2 =
1

2π

√
k22

IY
=

1
2π

√
1
IY

(
L2c22

EIy

)−1

, (40)

and:
IY =

1
3

md
(
d2

1 + d2
5

)
, (41)

where d5 is the height of mass block (Figure 10c).

4.4. Results and Discussion

According to the optimum frequency ratios νi (Table 2) and the target modes of bridge, the expected
modes of TMDs are obtained and listed in Table 4.
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Table 4. Expected modes of 2DOFs TMDs.

TMD
1st Mode 2nd Mode

Bending Torsion

TMD1 4.15 Hz 10.5 Hz
TMD2 6.14 Hz 9.59 Hz

In general, the size of TMD should be smaller and not occupy the space of bridge as much as
possible. Thus, considering the processing conditions and the size of deck, we choose t = w = 1mm.
The mass block is iron and md = 0.18 kg. The material of slender beams is Acrylonitrile Butadiene
Styrene (ABS), and the elastic modulus E = 2 GPa, χ = 0.37, the Poisson’s ratio ν is 0.394. In addition,
in order to simplify calculation and TMD design, let d4 = d2.

The calculation results of 2DOFs TMDs are summarized in Table 5. It is noticed that the three-order
natural frequencyω3 are about 7 times greater thanω2, andω4 is much larger thanω1 andω2. Therefore,
the undesired DOFs can be neglected, and the expected 2DOFs TMDs are obtained. According to the
dimension parameters, FE model of 2DOFs TMDs are built as shown in Figure 11. The mode shapes of
two expected TMDs are shown in Figures 12 and 13, respectively.

Table 5. Calculation results of 2DOFs TMDs.

TMD
Dimension Parameter (m) Natural Frequency (Hz)

L1 L2 d1 d2 d3 d4 ω1 ω2 ω3 ω4

TMD1 0.045 0.059 0.015 0.0106 0.0075 0.0106 4.16 10.54 74.07 119.7
TMD2 0.0362 0.042 0.0105 0.0105 0.008 0.0105 6.14 9.55 77.7 109.8

 

(a) (b) 

Figure 11. CAD view of TMD. (a) TMD1; (b) TMD2.

 
(a) (b) 

Figure 12. Mode shapes of TMD1. (a) The 1st mode; (b) the 2nd mode.
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(a) (b) 

Figure 13. Mode shapes of TMD2. (a) The 1st mode; (b) the 2nd mode.

5. Experimental Verification

5.1. Experimental Setup

The laboratory mock-up of the suspension bridge (in Figure 14) is used to investigate the
performance of the 2DOFs TMDs. An impact hammer is used to excite the structure. Prior to vibration
measurements, the data acquisition system is established, which involves a single-axial accelerometer,
positioned to measure vertical accelerations. The position of the accelerometer is illustrated in Figure 14.
The output data are obtained by successive hammering all positions on the deck (Figure 15). The
modal parameters of the bridge are estimated by hammering method. The natural frequencies and
mode shapes of the mock-up are shown in Table 1.

 
Figure 14. Laboratory mock-up of the suspension bridge.

 
Figure 15. Hammer points on the deck.

114



Appl. Sci. 2020, 10, 457

5.2. Hammer Tests of TMDs

The structure of 2DOFs TMDs with adjustable natural frequencies is presented in Figure 16. Each
TMD consists a mass block, two pedestals, and eight flexible beams with adjusters. For each flexible
beam, one side is fixed on the pedestal by bolts and the other side is connected to the mass block.
Though changing the positions of the adjuster, the effective length of the flexible beam can be adjusted,
then tunable stiffness of the TMD is realized. The adjuster not only improves the tuning ability of TMD,
but also compensates for the errors. The errors include the machining error and the calculation error
which is caused by ignoring the prestress of flexible beams (Equations (39) and (40)). Thus, the adjuster
is an indispensable part of the TMDs.

 
Figure 16. Prototype of the 2 DOFs TMDs.

Based on Equations (39) and (40), the natural frequencies of 2DOFs TMDs are determined by the
dimensions of the flexible beams. In order to improve the tuning ability at runtime, the TMDs are
designed with tunable L1 and L2 which is the effective length of the flexible beams (Figure 16).

In hammer tests, the TMDs are excited by an INV9311impact hammer, and the acceleration
responses are recorded by a PSV-500-1D scanning laser vibrometer. The experimental results are
shown in Figure 17. The figure shows the experimental acceleration responses of the designed 2DOFs
TMDs: (a) when L1 = 48.5 mm, L2 = 55.5 mm, the first three order frequency of TMD1 is 4.37 Hz,
10.08 Hz, and 65.81 Hz; (b) when L1 = 37.5 mm, L2 = 40 mm, the first three order frequency of TMD2
is 6.21 Hz, 9.47 Hz, and 72.19 Hz. Comparing with the first two order frequency, the third order
frequency of TMDs is a relatively large value, which is far beyond the bandwidth (0–15 Hz) we are
considering. Therefore, the 2DOFs TMDs meet the design requirements and verify the validity of the
theoretical model.

 
(a) 

 
(b) 

Figure 17. Experimental acceleration responses of the designed TMDs. (a) TMD1; (b) TMD2.
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5.3. Vibration Suppression of Bridge with TMDs

The designed 2DOFs TMDs are mounted on point A and point B, which has discussed in
Section 4.2. Figure 18 shows a close view of the TMD1 (shown in Figure 12); except the different
dimension parameters, the two TMDs have the same configuration and can be tuned in the same way.
For damping the target modes, the optimum FRF of these two TMDs exhibits two distinct modes at
4.37 Hz, 10.08 Hz, and 6.21 Hz, 9.47 Hz, respectively, as shown in Figure 17.

 
Figure 18. Experimental implementation of the 2DOFs TMDs. The damping is tuned by changing
the magnets.

By referring the previous design [27], the damping is introduced by using eddy current damping,
where two symmetric powerful magnets are attached on the pedestal below the mass block of the
TMD in Figure 19. The damping value can be tuned by manually adjusting the size and number of
the magnets. In Figure 19, the replaceable magnets are used to set the translational damping and the
rotational damping at the same time. If necessary, another two symmetric magnets which are attached
on the pedestal (the position at the red dashed circles in Figure 19) can provide additional damping for
the bending mode.

 
Figure 19. Layout of the symmetric magnets.

The experimental results are shown in Figures 20 and 21. The Figure 20 shows the acceleration
responses of the deck: (i) without TMD, (ii) when the structure is equipped with two 2DOFs. The
result shows that the 2DOFs TMD is very effective in vibration damping of the bridge. In order to
quantitatively confirm the performance of TMDs, Figure 21 shows the FRFs of the deck: (i) without
TMD, (ii) when the structure is equipped with two 2DOFs TMDs, targeting the mode pairs (2B,1T) and
(1B,2T), respectively. One sees that TMD1 can attain 13.8 dB amplitude reduction of the first bending
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mode (1B) and 8.8 dB amplitude reduction of the second torsional mode (2T); Meanwhile, a 10.7 dB
amplitude reduction of the second bending mode (2B) is observed after using TMD2, and 10 dB
amplitude reduction of the first torsional mode (1T).

 
Figure 20. Experimental results: acceleration responses of the deck: blue line stands for without the
TMDs; red line stands for with two TMDs.

 
Figure 21. Experimental results: frequency response functions of the deck: blue line stands for without
the TMDs; red line stands for with two TMDs of 2 DOF each, targeted for the damping of the mode
pairs (2B,1T) and (1B,2T).

The experimental results indicate that the 2DOFs TMDs which designed under the kinematic
constraint theory guidance can target the bending and the torsion modes at the same time. Comparing
with the classical TMD, the 2DOFs TMD not only achieves vibration reduction, but also avoids
increasing the load of the bridge. It is worth mentioning that the final frequency ratios are different from
the optimized frequency ratios (Table 4). The optimized frequency ratios are the result of theoretical
model calculation. However, the error between the theoretical model and the real structure, as well as
the machining and calculation errors, may result in the change of the final frequency ratios. But the
role of the optimized frequency ratios in the TMD structural parameter design cannot be neglected.

6. Conclusions

This study proposed a synthetic approach to design and implement 2DOFs TMDs for damping
the bending and torsional modes of suspension bridges. For verifying the effectiveness of the concept
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model, we cast the parameter optimization of the 2DOFs TMDs conceptual model as a control problem
with decentralized static output feedback for minimizing the response of the bridge deck. The optimized
frequency ratios play a significant role in the TMD structural parameter design. For designing the
expected modes of the 2DOFs TMDs, the graphical approach is introduced to arrange flexible beams
properly according to the exact constraints. Based on the optimized frequency ratios, the dimensions
of TMDs are determined by the compliance matrix method. The proposed design has been simulated
and implemented successfully on a suspension bridge mock-up. Based on the presented results and
interpretations, the main findings are summarized as follows:

• The synthetic approach based on both the graphical approach and parameterized compliance is
an effective way to design the TMD with the expected DOFs (i.e., 1, 2, . . . , 6). It is also an effective
complement to the empirical design for the multi-DOFs TMD. Comparing with the empirical
design, this synthetic approach can design the expected multi-DOFs TMD without much design
experience, which can save time and cost. The disadvantage of this method is that the influence of
prestress is not taken into account in the theoretical model. Thus, the adjuster is an indispensable
part of TMDs.

• This study verifies the feasibility of the two 2DOFs TMDs in vibration reduction of suspension
bridges by numerically and experimentally; comparing with the classical configuration of the TMD,
the two 2DOFs TMDs can reduce the weight penalty. The experiment demonstrates the ability of
the TMDs for suppressing several vibration modes under laboratory conditions. However, their
implementation in a full-scale bridge still needs further research.
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Abstract: This research develops a new low-cost energy dissipation system, capable of being
implemented in residential structures in developing countries with high seismic activity, in which
the current solutions are not economically viable. These residential structures are entirely made of
precast concrete elements (foundations, walls, and slabs). A solution is developed that consists of a
new connection between a precast foundation and a structural wall, which is capable of dissipating
almost all the seismic energy, and therfore protecting the rest of the building from structural damage.
To validate the solution, a testing campaign is carried out, including a first set of “pushover” tests on
isolated structural walls, a second set of “pushover” tests on structural frames, and a final set of seismic
tests on a real-scale three-storey building. For the first and second set of tests, ductility is analyzed
in accordance with ACI 374.2R-13, while for the third one, the dynamic response to a reference
earthquake is evaluated. The results reveal that the solution developed shows great ductility and no
relevant damage is observed in the rest of the building, except in the low-cost energy dissipation
system. Once an earthquake has finished, a precast building implemented with this low-cost energy
dissipation system is capable of showing a structural performance level of “immediate occupancy”
according to ACI 374.2R-13.

Keywords: seismic test; pushover test; precast concrete structure; shake table

1. Introduction

Precast concrete construction represents a very important percentage of all civil works in the world,
given its enormous advantages from a constructive point of view. The reduction of the manufacturing
time, the improvement in the quality of the work (due to the improvement of the working conditions),
and the reduction of uncertainties related to the geometric and structural deviation of the solution
with respect to the project are some of the advantages of this constructive procedure.

Precast concrete is especially efficient in residential structures, which are generally made up of
a few groups of different structural elements (columns, slabs, footings, walls, etc.), formed by many
identical units. In particular, precast concrete is especially interesting in developing countries, where it
can be difficult to find enough skilled labour to perform in situ constructions.

A significant number of these developing countries are in areas of high seismic activity. This is an
inconvenience for precast solutions, since it is penalized by international regulations by granting lower
reduction coefficients (R) for energy dissipation. This is due to the lower ductility of the connections
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between elements, that is, the limitation is not due to the precast element by itself, but due to the
connections between them, which are usually less ductile than traditional solutions cast in situ.

In these cases, the usual way to address the seismic problem is through the use of seismic isolators,
dampers, energy dissipators, etc. However, most of them are very expensive solutions, only suitable
for special structural elements (tall buildings or very singular buildings). Therefore, they are not
economically viable if massive use is intended in areas with low economic resources [1–8].

Therefore, it is necessary to develop low-cost energy dissipation systems that are capable of being
implemented in inexpensive precast concrete buildings without involving an unacceptable increase in
the total cost of the building [9–11].

Another common problem regarding the structural behavior of a building that had been subjected
to an earthquake was that it was useless after the seismic event and, therefore, it had to be demolished.
Regarding the situation of collapse during an earthquake, although it is a breakthrough, the economic
cost for the community is still very high. Consequently, it is highly desirable that low-cost energy
dissipation systems prevent damage to the structure, and therefore it can be re-occupied under safe
conditions once the seismic event has passed.

Research in seismic response of structures, especially if they are made of concrete, requires tests
that are usually complex and expensive. On the one hand, the performance of scale tests of concrete
structural elements is usually not a viable or reliable option. On the other hand, conducting seismic
tests usually requires expensive facilities. Therefore, alternative methodologies have been developed
which are easier to implement and obtain, although partially, information on the seismic response of
the structure [12,13].

First, there are the quasi-static or cyclic tests, also called “pushover”, which consist of the
application of a low number of low frequency cyclic loads with increasing amplitude until collapse.
This type of test characterizes the ductility of the structure, as well as analyzes very specific regions
(connections between elements, singular construction details, etc.) [14–21].

Second, there are pseudo-dynamic tests that are a special type of quasi-static test in which
displacements are introduced at some points in the structure. The difference is that these displacements
are not known before the test and are calculated during the test using a step-by-step integration software.
Although it is essentially a static test, it is a very complex technique to implement, mainly because a
sophisticated adaptive control equipment is required [22–25].

Third, there are the tests carried out on a shake table, which introduce a true dynamic excitation
in the base of the structure. This is the most realistic technique for the seismic testing of structures,
since the displacements (and therefore, the accelerations) are applied at the base and the structure
is subjected to the inertial forces. However, it is a very complex test because of all the equipment
required. In addition, its interpretation is also difficult, since a large number of structural mechanisms
are involved in the seismic response. Therefore, this type of tests is usually carried out at the end of a
much more extensive testing campaign [26–33].

This paper shows the design and the laboratory validation tests for a new low-cost energy
dissipation system that can be applied in precast concrete structures composed of precast footings,
precast structural walls and precast concrete slabs. This energy dissipation system basically consists of
a specific connection between the precast footing and the precast structural wall, formed by a set of
threaded steel bars that connect both elements. During an earthquake, the steel bars undergo plastic
deformation, absorbing most of the energy generated by the earthquake and preventing damage to the
rest of the building. The additional advantage of this solution is that steel bars are easily replaced after
the seismic event.

For the purpose of this paper, a testing campaign was carried out, based on three phases. First,
pushover tests were carried out on isolated structural walls formed by a precast structural wall and
a precast footing. The aim of this first phase is to define the ductility of the dissipation system,
in accordance with the requirements of the American standard ACI 374.2R-13 [34].
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Secondly, pushover tests were carried out on structural frames, composed of two precast structural
walls placed over two precast footings and connected with a precast slab. The aim of this second phase
is to evaluate the ductility of the system, including the dissipation capacity of both the connection
footing wall and the connection wall slab, in accordance with the aforementioned regulation.

Thirdly, seismic tests using a shake table were carried out on a real-scale three-storey precast
concrete building, consisting of two precast structural walls placed over two precast footings,
two intermediate precast slabs, and a lightweight roof. In this case, the aim of this third phase
is to characterize the dynamic response of the entire structure to a reference earthquake and the energy
dissipation capacity of the building.

A customized unidirectional shake table was designed and manufactured specifically for the
third test phase. This testing facility was capable of appling a horizontal acceleration up to 1·g to the
structural elements with a height up to 6 m, a weight up to 40 tons, and a frequency up to 8 Hz.

All the precast concrete elements, as well as the low-cost energy dissipation system were invented,
developed, and designed by the Spanish company ICONKRETE 2012, S.L., and therefore this company
is the owner of this structural solution and the testing results. The precast elements were manufactured
by the company ZENET in its factory in Escalonilla (Toledo, Spain). The test was carried out in the
Laboratory of Large Structures of the University of Burgos (Burgos, Spain).

The structure of this paper is as follows: In Section 2, the experimental program is presented;
in Section 3, the results of the tests are described and discussed; and finally, in Section 4, the conclusions
are shown.

2. Experimental Program

In this section, the three testing sets of specimens are described, i.e., the isolated structural walls,
the structural frames, and the real-scale three-storey precast concrete building, as well as the low-cost
energy dissipation system and the shake table. Additionally, the testing procedure is described.

2.1. Isolated Structural Wall

As explained before, the isolated structural walls are composed of a precast structural wall and a
precast footing, connected through the low-cost energy dissipation system.

The structural wall is a conventional reinforced concrete precast element 3.0 m high, 2.0 m wide,
and 16 cm thick. The wall is placed on a reinforced concrete precast footing, 1.1 m wide, 2.0 m
deep, and 0.6 m high. In both cases, the concrete quality is C30/37, according to Eurocode 2 [35].
The compressive strength was obtained following the method described in standard EN 12390-3 [36].
The footing includes a longitudinal pocket 36 cm wide and 36 cm high, where the structural wall is
placed. Underneath the wall, a 2 cm neoprene band is placed. The structural wall is rigidly connected
to the footing through the low-cost energy dissipation system, which is described later (Figure 1).

Figure 1. Elevation view of the isolated structural wall.
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The structural wall is reinforced on both faces with steel rebars 8 mm in diameter spaced 150 mm
in both longitudinal and vertical directions.

2.2. Structural Frame

The structural frame is composed of two isolated structural elements, as described above,
connected with a structural concrete slab. The inner distance between the walls is 3.84 m. The slab is
composed of a self-supporting precast prestressed concrete slab with a thickness of 8 cm and an upper
layer of 14 cm of cast in situ reinforced concrete. The total thickness of the concrete slab is 22 cm. In all
cases, the concrete quality is C30/37, according to Eurocode 2 [35].

A “flexible” connection between the walls and the slab was used, which is described next.
The self-supporting precast prestressed concrete slab rests on a steel corner profile anchored to the
walls using a set of mechanical anchorages. Additionally, a row of conventional steel rebars sew the
joint between the wall and the cast-in situ slab. The rebars are L-shaped with a length of 800 and
200 mm, respectively. The long leg of the rebar is placed horizontally inside the cast-in situ reinforced
concrete slab, while the short leg is placed vertically inside the wall. The diameter of the rebars are
20 mm, with a spacing of 50 cm. From the structural point of view, this connection is very effective
under vertical loads, such as self-weight, dead loads, and vertical live loads. Under horizontal loads,
similar to the ones caused by the earthquake, this connection is able to withstand negative bending
moments, but not positive bending moments, resulting in a semi-rigid joint. (Figure 2).

Figure 2. Elevation view of the structural frame.

2.3. Real-Scale Three-Storey Precast Concrete Building

Finally, the real-scale three-storey precast concrete building is composed of two precast concrete
walls, two precast footings, two concrete slabs, and a flexible steel roof. The inner distance between the
two walls is 2.25 m. In all cases, the concrete quality is C30/37, according to Eurocode 2 [35].

The structural walls are conventional reinforced concrete precast elements 5.62 m high, 2.0 m wide,
and 16 cm thick. They are placed on the same reinforced concrete precast footings as described above.

Each of the two concrete slabs is composed of a self-supporting precast prestressed concrete slab
with a thickness of 8 cm and an upper layer of 14 cm of cast-in situ reinforced concrete. The connection
between the slab and the wall is the same as the one described in the previous subsection. The slabs are
located at 2.45 m and 4.20 m high. Finally, the roof is located at the top of the walls. It is a lightweight
roof formed by an aluminium sheet which is bolted to two I-beams. (Figure 3).

124



Appl. Sci. 2020, 10, 1213

Figure 3. Elevation view of the real-scale three-storey precast concrete building, including the
shake table.

2.4. Low-Cost Energy Dissipation System

The low-cost energy dissipation system is a device placed on the connection between the footing
and the wall. As previously explained, the footing includes a longitudinal pocket 36 cm wide and
36 cm high, where the structural wall is placed. It consists of a set of threaded bars placed orthogonally
to the wall, in such a way that they cross both the footing and the wall. In this case, the system
consists of a total of 10 threaded bars, 20 mm diameter, and placed in two rows, spaced 300 mm in
both longitudinal and vertical directions. The property class of the steel for the threaded bars is 3.6,
according to ISO 898-1 [37].

Since the wall has a thickness of 16 cm, there are two 10 cm gaps between the wall and the footing,
one at each side of the wall (Figure 4). Additionally, nuts located at both sides of the wall and the
footing are required to fix the wall in its proper position.

When an earthquake occurs, it is expected that most of the energy is consumed in the plastic
deformation of the bars, preventing the rest of the structure from damage. The number, position,
distribution, and diameter of the bars, as well as the steel quality must be specifically designed to each
particular structure, depending on the dimensions of the structure and the location of the building.

One additional advantage of this solution is that bars are easily replaceable once an earthquake
has occurred.
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Figure 4. Scheme of the low-cost energy dissipation system.

2.5. Shake Table

A unidirectional shake table was specifically designed and manufactured for this research, in order
to fulfill the testing requirements of the real-scale three-storey precast concrete building.

The shake table is composed of a cast steel slab 4.14 m long, 2.87 m wide, and 0.65 m high. It rests
on six circular elastomeric bearing pads, reinforced with steel plates. The dimensions of the bearings
are 350 mm diameter and 137 mm high.

The seismic loads are applied using a tension-compression MTS 201.70F dynamic actuator (MTS,
Eden Prairie, MN, USA), with a capacity of ±1000 kN. The actuator has a load cell MTS 661.31F-01 (MTS,
Eden Prairie, MN, USA), with a range of ±1000 kN and an error of below 1% of the range. During the
testing, the actuator provided a longitudinal displacement. In order to prevent undesirable transversal
movements, four stoppers were placed in both lateral sides of the steel slab (Figures 5 and 6).

 

Figure 5. Shake table.

 

Figure 6. Detailed view of the dynamic actuator.
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2.6. Testing Procedure

2.6.1. Pushover Tests on Isolated Structural Walls and Structural Frames

The pushover tests carried out on the isolated structural walls and the structural frames were
developed according to the American standard ACI374.2R-13 [34]. According to this standard,
four levels of structural performance under seismic events are defined, which are “operational”,
“immediate occupancy”, “life safety”, and “collapse prevention”, moving from least to greatest lateral
drift ratio (Figure 7).

 
Figure 7. The four levels of structural performance, according to ACI 374.2R-13 [34].

According to the goal of this research, the “immediate occupancy” level is considered for design
purposes, which implies that the building can be used once the seismic event has passed. At this
level, the stiffness requirements are high, the behavior of the structure must be within the elastic-linear
range and, consequently, the seismic loads developed are important. The standard used does not
consider other criteria apart from those concerning structural damage. That is the reason why
non-structural issues, such as furniture overturning or partition damage, have not been considered in
this research. However, it is worth noting that the “immediate occupancy” level implies a very low
risk of life-threatening injury as a result of structural damage.

The lateral drift ratio is defined as the quotient between the horizontal displacement of the
structure at the loading point and the distance from this point to the centroid of the connection between
the wall and the footing. In this case, the maximum allowable lateral drift ratio (see Figure 7) is 0.5%.
Additionally, some other criteria must be fulfilled [34]:

1. No plastic behavior is observed in the structure, neither concrete nor steel rebars;
2. Crack width should be below 1.6 mm;
3. No concrete crushing is observed.

Regarding the testing procedure, it consisted of applying a quasi-static horizontal load near
the top of the structural element (wall or frame). Displacement controlled reverse cyclic tests were
performed. The number of loading cycles for each amplitude of the imposed displacement was kept at
two. The value of the amplitude depends on the critical drift ϕy, which is defined as the drift associated
with yielding. The first couple of cycles corresponded to a drift equal to 0.5·ϕy, the second couple of
cycles, to a drift equal to ϕy, the third one, to a drift equal to 2·ϕy, and for the remaing couple of cycles
the amplitude increased in 1·ϕy, i.e., 3·ϕy, 4·ϕy, 5·ϕy, and so on to the conclusion of the test. The test
concluded when the maximum load of one cycle was more than 20% lower than the total maximum
load of all cycles, according to ACI 374.2R-13 [34].

In the case of the tests on the isolated structural walls, the load was applied at a height of 2.5 m
and the critical drift ϕy corresponded to a horizontal displacement of 10.6 mm at the load application
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point. In the case of the tests on the structural frames, the load was applied at a height of 2.94 m and
the critical drift ϕy corresponded to a horizontal displacement of 12.6 mm at the load application point.

The tests on both the isolated structural walls and the structural frames were carried out using a
tension-compression MTS 201.70F dynamic actuator (MTS, Eden Prairie, MN, USA), with a capacity of
±1000 kN. The actuator had a load cell MTS 661.31F-01 (MTS, Eden Prairie, MN, USA), with a range of
±1000 kN and an error of below 1% of the range. The tests were displacement controlled. This testing
procedure provided greater safety against unexpected collapse and it better meet the requirement of
the ACI 374.2R-13 [34].

In order to analyze the structural behavior of the testing specimens, a number of sensors were
used, including inclinometers (model PST300, Pewatron AG, Zurich, Switzerland), linear potentiometer
displacement transducers (ranged from 50 to 500 mm, Novotechnik, Ostfildern, Germany), and uniaxial
strain gauges (150 mm length, Tokyo Sokki Kenkyujo Co., Ltd., Tokyo, Japan). Figures 8 and 9 show
the position of the sensors in each of the two sets of testing specimens, i.e., the isolated structural walls
and the structural frames.

Figure 8. (a and b) Location of the sensors in the isolated structural walls.

Figure 9. (a and b) Location of the sensors in the structural frames.

2.6.2. Seismic Tests on Real-Scale Three-Storey Precast Concrete Building

The third phase consists of seismic tests on a real-scale three-storey precast concrete building.
In this case, a representative earthquake was reproduced in the laboratory, namely “El Centro”
(an earthquake that occurred in the city of El Centro, California, USA in 1979). More specifically,
the accelerogram belonging to an orientation of 220◦ was considered, because this was the most
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unfavourable in terms on maximum horizontal accelerations. The accelerogram was obtained from the
USGS (United States Geological Survey, USA) (Figure 10a).

  
(a) (b) 

 
(c) 

Figure 10. Earthquake “El Centro”. (a) Accelerogram; (b) diagram of horizontal displacement vs. time;
(c) response spectrum.

The accelerogram is first transformed in a diagram of horizontal displacement verus time, which is
the input signal introduced to the dynamic actuator control equipment (Figure 10b). Additionally, the
response spectrum of the earthquake is shown (Figure 10c).

Figure 10c reveals that this earthquake causes the highest acceleration for structures with a natural
period of 0.06 s, i.e., for structures with a natural frequency of 16.7 Hz. However, this earthquake is
not only very dangerous for rigid structures, but it also provides acceleration values greater than the
ground acceleration up to a period of 0.25 s, i.e., a frequency of 4 Hz.

The earthquake was not applied directly on the building, but in a progressive way, similar to
foreshocks before the main earthquake. A total of six foreshocks were applied to the building before
the main earthquake. To perform it, the ordinate of the seismic signal (i.e., the diagram of horizontal
displacement vs. time) was multiplied by a factor. For the first foreshock, the factor was 0.05, i.e.,
the shape of this earthquake is homothetic to the real “El Centro” earthquake but the displacements
are only 5% of the main earthquake. For the rest of the foreshocks, the factors were 0.1, 0.3, 0.5, 0.7,
and 0.9 respectively. Finally, the main earthquake was applied.

The sensors used to monitor this test were load cell, accelerometers on the shake table,
the intermediate slabs at the top of the walls, and displacement transducers in several
positions (Figure 11).
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Figure 11. Location of the sensors in the building.

Figure 12 shows a general view of the testing. As can be observer, in addition to the self-weight
of the building, a dead load of 1.50 kN/m2 was included on the intermediate slab. This load was
materialized using water tanks.

 

Figure 12. General view of the real-scale three-storey precast concrete building.
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Additionally, a one-cycle impulsive test was performed, before and after the seismic tests, in order
to measure the natural frequency and the damping ratio of the building and to compare them with
the excitation frequency of the earthquake. Moreover, the comparison of the natural frequency and
damping ratio values, before and after the seismic event (including the main earthquakes and the
foreshocks), provide useful information about the damage caused by the seismic tests.

In this case, a displacement-time one-cycle square wave signal was applied, with an excitation
frequency of 5 Hz and an amplitude of 1 mm.

3. Experimental Results and Discussion

Next, the experimental results of the testings are exposed. In this case, the results of the most
representative test of each phase are shown.

3.1. Pushover Tests on Isolated Structural Wall

As previously explained, the aim of this testing phase is to evaluate the ductility of the low-cost
energy dissipation system by considering diagrams of horizontal load versus drift, drift versus strain
in concrete, and bending moment versus rotation.

3.1.1. Diagram of Horizontal Load versus Drift

Figure 13 shows the diagram of horizontal load versus lateral drift (hysteresis loops). In this case,
positive values mean push, and negative values mean pull.

 

Figure 13. Diagram of load vs. drift. Pushover test on isolated structural wall.

Some interesting conclusions can be obtained from Figure 13. First, a symmetric behavior under
push and pull is obsesrved, as expected. Second, it can be observed that the behavior of the specimen is
linear elastic up to the critical drift ϕy (which is 0.5% according to ACI374.2R-13 [34]). In consequence,
this solution agrees with one of the requirements of the American standard mentioned above.

Once the drift is greater than 0.5%, a progressive plastic behavior is observed, i.e., the specimen
begins to dissipate energy at the expense of a higher deformation. The area enclosed by the hysteresis
loop is proportional to the energy dissipated during the testing and represents the structural element
capacity to mitigate the earthquake effect inelastically.

The maximum loads obtained during the testing were 13.0 kN in the push phase and 12.0 kN in
the pull phase. In both cases, these loads correspond to a drift of 2%, which is four times greater than
the critical drift. The loads obtained at the critical drift were 6.5 kN in the push phase and 6.2 kN in the
pull phase.
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3.1.2. Diagrams of Drift versus Strain in Concrete

Figure 14 shows the relationship between the drift of the wall and the average vertical strain of
the concrete at the base of the wall, at both the dorsal face (where the actuator is placed) and the frontal
face (the opposite side). In this case, a positive value of strain denotes tension, and a negative value
denotes compression.

  
(a) (b) 

Figure 14. Diagrams of drift vs. vertical strain. Pushover test on isolated structural wall. (a) Drift
versus strain in the frontal face; (b) drift versus strain in the dorsal face.

Figure 14 shows a linear elastic behavior of concrete through the test, since the maximum measured
strain is around 200 μm/m under compression and 90 μm/m under tension, which is smaller than
maximum elastic strain of concrete (which can be estimated around 1000 μm/m under compression
and 100 μm/m under tension). This is particularly true for the critical drift ϕy, where the maximum
measured strain is significantly smaller (around 50 μm/m under compression and 10 μm/m under
tension). The results satisfy the ACI374.2R-13 [34].

The measured vertical strain values are in accordance with the visual inspections carried out at
the end of the tests, where no visible cracks in concrete wall were observed, and, of course, no concrete
crushing occured.

The diagrams in Figure 14 show an asymmetric behavior, i.e., compression strains are greater than
tension strain. This could be because under tension, small microcracks in concrete occur, relaxing tension
stress in concrete (and as a counterpart increasing the tension stress of the reinforcement), resulting in
smaller values of tension strain.

This result confirms that the plastic behavior shown by the isolated structural wall is completely
caused by the low-cost energy dissipation device. Moreover, once the plastic behavior of the structural
wall is observed, a progressive decrease of the maximum vertical strain of concrete occurs. This is
because the elastic energy stored in the wall progressively flows to the energy dissipation device,
preventing the wall from structural damage.

3.1.3. Diagram of Bending Moment versus Rotation

Figure 15 shows the diagram of bending moment versus rotation of the connection between
the wall and the footing. The bending moment is defined as the product of the horizontal force and
the vertical distance between the force and the centroid of the low-cost energy dissipation system.
The rotation is measured using an inclinometer placed at the level of the centroid of the energy
dissipation device (see Figure 8). Positive values mean push, and negative values mean pull.

Figure 15 confirms the findings shown in previous figures. On one side, it is observed that up
to the critical drift ϕy, the connection shows a linear elastic behavior. The slopes of the curves are
high and quite similar under loading and unloading. The area under the hysteresis loop is small,
which means that there is no energy dissipation. Additionally, no lose of stiffness is observed.
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Once the structure reaches a drift of 2%, a plastic behavior starts to occur. Then, a progressive
decrease of the stiffness of the connection is observed. The area under the hysteresis loop gradually
increases, which reveals that there is a progressive energy dissipation. In general, a symmetric behavior
of the connection is observed.

 

Figure 15. Diagram of bending moment vs. rotation. Pushover test on isolated structural wall.

3.2. Pushover Tests on Structural Frames

As previously explained, the aim of this testing phase is to evaluate the ductility of the frame,
including the low-cost energy dissipation system, as well as the “flexible” connection between the slab
and the wall. To obtain it, the diagrams of load versus drift, drift versus strain in concrete, and bending
moment versus rotation are shown.

The tests carried out on the structural frames are not reversal (i.e., push and pull), but they are
push and “unpush” (i.e., push the frame up to the maximum displacement of each cycle and return it
back to the displacement until zero).

3.2.1. Diagram of Horizontal Force versus Drift

Figure 16 shows the diagram of horizontal load versus lateral drift (hysteresis loops).

 

Figure 16. Diagram of load vs drift. Pushover test on structural frame.

Some interesting findings can be observed from Figure 16. First, it is highlighted that a linear-elastic
behavior is observed until the critical drift ϕy. This result agrees with the American standard
ACI374.2R-13 [34]. Once the critical drift is reached, a progressive plastification of the structure
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occurs. The area under the hysteresis loop progressively increases, which denotes that an energy
dissipation process occurs.

The maximum load is reached for a drift of 3%, i.e., six times the critical draft. Beyond this
value, the load does not increase or decrease, but it remains almost constant. However, the area under
the hysteresis loops significantly increases. The structural solution shows a huge capacity of energy
dissipation without losing structural capacity.

3.2.2. Diagrams of Drift versus Strain in Concrete

Figure 17 shows the relationship between the drift of the walls and the average vertical strain of
the walls’ concrete, near but below the connection with the slab, at both the internal and the external
faces. In this case, a positive value of strain denotes tension, and a negative value denotes compression.

  
(a) (b) 

  
(c) (d) 

Figure 17. Diagrams of drift vs. vertical strain. Pushover test on structural frame. (a) Drift versus
strain in the external face of wall 1; (b) drift versus strain in the internal face of wall 2; (c) drift versus
strain in the internal face of wall 1; (d) drift versus strain in the external face of wall 2.

Figure 17 reveals the behavior of the connection between the slab and the wall. First, a linear-elastic
behavior of the connection, up to a drift of 2%, is observed. In Wall 1, the one in contact with the
actuator, compression strain is observed in the exterior face, as well as tension strain in the interior face.
On the contrary, in Wall 2, tension strain is observed in the exterior face, as well as compression strain in
the interior face. In each loading cycle, the loading and the unloading branches are almost identical and
the area under the hysteresis loop is small, which denotes an absence of energy dissipation. During this
first phase of the testing, the visual inspections revealed very small horizontal cracks in the walls
(especially in the external face of Wall 2 where the tension strain was larger) with a crack width below
0.2 mm, i.e., clearly smaller than 1.6 mm which is the maximum allowable crack width defined by the
ACI374.2R-13 [34]. No concrete crushing occurred.

The maximum measured strain values belong a drift of 2%. Beyond this value, there was a
progressive decrease in the maximum measured strain, which denotes that the stiffness of the connection
between the slab and the wall decreased and a plastic hinge appeared in this connection. Moreover,
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this plastic hinge showed an asymmetric behavior, i.e., its structural behavior was different when it
was subjected to a positive bending (tension in the inner face of the wall and the lower face of the slab)
or a negative bending (tension in the outer face of the wall and the upper face of the slab).

Because of the type of loading cycles of the test, the connection between Wall 1 and the slab was
always under positive bending while the connection between Wall 2 and the slab was always under
negative bending. Wall 1 showed values of strain (both tension and compression) lower than the
values observed in Wall 2. This means that the connection shows a stiffness under positive bending
smaller than the one under negative bending.

Once the drift was beyond 2%, a clear plastic behavior started to be observed. In each loading
cycle, the loading and the unloading branches were different and the area under the hysteresis loop
increased with the cycles, which denoted an increased ability of the connection to dissipate energy.
In this case, the visual inspections carried out during the testings revealed small horizontal cracks
in the walls (especially in the external face of Wall 2 where the tension strain was larger). However,
the crack widths were always below 1.6 mm which is the maximum allowable crack width defined by
the ACI374.2R-13 [34]. No concrete crushing occurred.

3.2.3. Diagram of Bending Moment versus Rotation

Figure 18 shows the diagrams of bending moment versus rotation of the connections between
Walls 1 and 2 and the slab. The bending moment is defined as the product of the horizontal force and
the vertical distance between the force and the centroid of the low-cost energy dissipation system.
This is, in fact, a “global bending moment” of the frame, and not the real moment of the connection
between the wall and the slab. The rotation is defined as the variation of the inner angle between the
wall and the slab.

  
(a) (b) 

Figure 18. Diagrams of bending moment vs. rotation. Pushover test on structural frame. (a) Bending
moment versus rotation of the connection between wall 1 and slab; (b) bending moment versus rotation
of the connection between wall 2 and slab.

The behavior observed in Figure 18 agrees with the one shown in Figure 16. The first hysteresis
cycles (up to a drift of 2%) reveal a linear-elastic behavior of the connections. The loading and the
unloading branches are very similar, and the areas enclosed by the hysteresis loop are very small.

Beyond a drift of 2%, the structure begins to show a plastic behavior. In each hysteresis loop,
the slope of the curve bending moment versus rotation progressively decreases, and the area enclosed
by the hysteresis loop progressively increases. Consequently, the energy dissipation capacity of the
connection between the wall and the slab increases. Additionally, the permanent rotation corresponding
to null bending moment increases in each cycle, which denotes that the connection suffers damage in
each cycle.

An unexpected behavior is observed during the last cycle in the diagram concerning Wall 1.
In particular, there is an interruption of the data capture from rotations around 0.03 rad. This can be
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explained because the measurement range of the transducers used to calculate rotations was exceeded.
As a result, the transducers are detached from the concrete surfaces and there is no data collection.

When both connections are compared, it is observed that the one placed in Wall 1 (and consequently
subjected to positive bending) shows less stiffness than the one in Wall 2 (subjected to negative bending).
This finding agrees with the results of Figure 17. Moreover, the permanent rotation corresponding to
null bending moment in the connection of Wall 1 is larger than the one in Wall 2.

3.3. Seismic Tests on Real-Scale Three-Storey Precast Concrete Building

Once the two testing phases have been completed (the first one on isolated structural walls and
the second one on structural frames), the seismic tests on a real-scale three-storey precast concrete
building were performed. The aim of this third testing phase is to validate the structural solution
implemented on a real building subjected to an earthquake. In this case, the structural behavior of
the building under the seismic events mainly depends on the connections, both the low-cost energy
dissipation systems placed on the connections between the walls and the footings and the flexible
connections between the walls and the slabs.

To obtain it, the following parameters are monitored during a real seismic event: Longitudinal
displacement of the shake table, longitudinal displacements of the building at the storey levels,
and longitudinal accelerations of the shake table and the building. The results shown in the following
figures belongs only to the main earthquake and not to the foreshocks.

3.3.1. Longitudinal Displacement of the Shake Table and the Building

Figure 19 shows the diagrams of the longitudinal displacement versus time during the “El Centro”
earthquake at the following locations: shake table, Concrete Slab 1, Concrete Slab 2 and lightweight roof.

  
(a) (b) 

  
(c) (d) 

Figure 19. Diagrams of longitudinal displacement vs. time at different locations, from shake table
to lightweight roof. (a) Displacement versus time in the shake table; (b) displacement versus time
in concrete slab 1; (c) displacement versus time in concrete slab 2; (d) displacement versus time in
lightweight roof.
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Figure 19 reveals some interesting findings. First, a progressive increase of the longitudinal
displacement with the height is observed. The measured maximum longitudinal displacements values
are 2.18, 4.99, 7.15, and 8.23 milimeters for shake table, Concrete Slab 1, Concrete Slab 2, and flexible
roof, respectively. The displacement shows almost a linear trend from shake table to Concrete Slab 2,
while the variation is much smaller from Concrete Slab 2 to flexible roof.

Moreover, the visual inspections carried out after the seismic tests revealed that no structural
damage is observed in the building (i.e., no cracks in the walls or slabs appeared and, of course,
no concrete crushing occurred). This means that the seismic energy was completely dissipated by the
connections, i.e., by the low-cost energy dissipation systems placed on the connections between the
walls and the footings and the flexible connections between the walls and the slabs. The main aim of
the research, which is the design and validation of a low-cost energy dissipation system, as well as the
flexible connection between the walls and the slabs, has been reached.

At the end of the seismic event, the residual longitudinal displacements of the both concrete slabs
and the flexible roofs are almost zero, which means that the building recovers its original position,
that is, the walls recover their upright position.

Finally, it is concluded that the building reached the performance level of “immediate occupancy”,
according to ACI374.2R-13 [34].

3.3.2. Longitudinal Accelerations of the Shake Table and the Building

Figure 20 shows the diagrams of the longitudinal acceleration versus time during the “El Centro”
earthquake at the following locations: shake table, Concrete Slab 1, Concrete Slab 2, and lightweight roof.

  
(a) (b) 

  
(c) (d) 

Figure 20. Diagrams of longitudinal acceleration vs. time at different locations, from shake table to
lightweight roof. (a) Acceleration versus time in shake table; (b) acceleration versus time in concrete
slab 1; (c) acceleration versus time in concrete slab 2; (d) acceleration versus time in lightweight roof.
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Figure 20 reveals that this structure is especially resistant to the earthquake “El Centro”, since the
maximum measured longitudinal accelerations of the concrete slabs is smaller than the one on the
shake table. The maximum measured longitudinal acceleration at the lightweight roof is a bit larger
than the one on the shake table. Specifically, the maximum measured longitudinal acceleration is
2.8 m/s2 on the shake table, 1.7 m/s2 on the first concrete slab, 2.1 m/s2 on the second concrete slab,
and 4.0 m/s2 on the top of the building.

The dominant excitation frequency of the earthquake “El Centro” is around 1.6 Hz (Figure 21),
and the natural frequency of the building is around 3.4 Hz before the seismic tests (Figure 22) and
2.6 Hz after them (Figure 23). This large difference between the excitation frequency and the natural
frequency implies that the longitudinal accelerations that the earthquake causes in the building are
small. Consequently, the horizontal inertial forces are also small, as well as the internal forces caused
by the earthquake.

 

Figure 21. Dominant frequencies of earthquake “El Centro”.

  
(a) (b) 

Figure 22. One-cycle impulsive test before seismic events. (a) Accelerogram; (b) fast Fourier transform.

  
(a) (b) 

Figure 23. One-cycle impulsive test after seismic events. (a) Accelerogram; (b) fast Fourier transform.
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The seismic event results in a reduction of the natural frequency of the building by 0.8 Hz, that is,
23%. Since no concrete cracks were observed, it is concluded that the damage is completely focused on
the connections, both the low-cost energy dissipation system and the flexible connections between slab
and walls.

Additionally, the measured damping factor of the building is 4.7% before the seismic tests and
6.2% after them. This increase in the damping factor is also a good indicator of the damage caused by
the seismic tests.

When the seismic response of the building is compared to Eurocode 8 [38], it is observed that the
measured elastic response spectrum S(T), defined as the ratio between the maximum acceleration of
the building and the ground acceleration (i.e., the maximum acceleration of the shake table) is 1.43,
which is smaller than the theoretical S(T) provided by this European standard. This means that the
standard is conservative, as expected.

Additionally, it is highlighted that the natural frequency of the structure is below 4 Hz before the
seismic event (Figure 22b), which is the lowest threshold of the dangerous region of the “El Centro”
earthquake (see Figure 10c) and no relevant accelerations are developed during the seismic events.
Moreover, the loss of stiffness caused by the seismic events reduces the natural frequency (Figure 23b)
of the structure and, consequently, reduces the horizontal accelerations caused by the earthquake,
which prevents the structure from aftershock earthquakes.

4. Conclusions

This paper shows the design and the laboratory validation tests of a new low-cost energy
dissipation system, for application in precast concrete structures composed of precast footings,
precast structural walls, and precast concrete slabs. This energy dissipation system basically consists of
a specific connection between the precast footing and the precast structural wall, formed by a set of
threaded steel bars that connect both elements. During an earthquake, the steel bars undergo plastic
deformation, absorbing most of the energy generated by the earthquake and preventing damage to the
rest of the building. The additional advantage of this solution is that steel bars can be easily replaced
after the seismic event. Additionally, a flexible connection between walls and slab has been used.

A testing campaign was carried out, including three phases. First, pushover tests were carried
out on isolated structural walls formed by one precast structural wall and a precast footing. Second,
pushover tests were carried out on structural frames, composed of two precast structural walls placed
over two precast footings and connected to a precast slab. Thirdly, seismic tests using a shake table were
carried out on a real-scale three-storey precast concrete building, consisting of two precast structural
walls placed over two precast footings, two intermediate precast slabs, and a flexible steel roof.

The aim of this structural solution is to fulfill the requirements of the American standard
ACI374.2R-13 [34] and more specifically, fulfill the structural performance level of “immediate
occupancy”, which means that the building can be used without collapse risk once the seismic event
has occured.

The pushover tests on isolated structural walls revealed that this solution exhibits a linear-elastic
behavior until and beyond the critical drift (which is 0.5%) and no cracks were observed in the
structures. The maximum load was reached at a drift of 3%, which was six times greater than the
critical drift. Beyond this drift, the structure began to show a plastic behavior. However, no structural
damage was observed in the concrete elements, which means that the majority of the energy dissipated
by the structural element was through the low-cost energy dissipation device. Additionally, a great
ductility of the solution was observed.

The pushover tests on structural frames revealed that the flexible connection between the walls
and the slab exhibited an excellent structural behavior. Again, this solution exhibited a linear-elastic
behavior until and beyond the critical drift (which is 0.5%) and no cracks were observed in the
structures. The maximum load was reached at a drift of 2%, which was four times greater than the
critical drift.
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Beyond this drift, the structure began to show a plastic behavior. At this moment, the flexible
connections worked as an asymmetrical plastic hinge, able to transmit relevant negative bending
moments but almost negligible positive bending moments. This reduction in the overall horizontal
stiffness of the frame resulted in an increased plastic behavior of the structure and, in consequence,
an increased capacity to dissipate seismic energy. In this case, small horizontal cracks in the walls
(especially in the external face of the Wall 2 where the tension strain is larger) were observed.

The seismic tests revealed an excellent behavior of the real-scale three-storey precast concrete
building. The structure was subjected to a main earthquake and six foreshocks. The earthquake
used was “El Centro” (the eathquake that occurred in the city of El Centro, California, USA in 1979).
Additionally, two one-cycle impulsive tests were performed, one before the seismic events and the
other after the seismic events, in order to measure the dynamic parameters of the building (natural
frequency and damping ratio) before and after the seismic events.

The visual inspections carried out after the seismic tests revealed that no structural damage was
observed in the building (i.e., no cracks in the walls or slabs appeared and, of course, no concrete
crushing occurred). This means that the seismic energy was completely dissipated by the connections,
i.e., by the low-cost energy dissipation systems placed on the connections between the walls and the
footings and the flexible connections between the walls and the slabs.

At the end of the seismic event, the residual longitudinal displacements of the both concrete slabs
and the lightweight roofs were almost zero, i.e., the building recovered its original position.

The impulsive tests revealed that the seismic events caused a decrease in the natural frequency
and an increase in the damping ratio, which illustrates the damage given by the seismic tests.

Finally, it is concluded that the building reached the performance level of “immediate occupancy”,
according to ACI374.2R-13 [34].
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Abstract: Earthquake response mitigation of a base-isolated (BI) building equipped with (i) a single
tuned mass damper at the top of the building, (ii) multiple tuned mass dampers (MTMDs) at the top
of the building, and (iii) MTMDs distributed on different floors of the building (d-MTMDs) is studied.
The shear-type buildings are modeled by considering only one lateral degree of freedom (DOF) at
the floor level. Numerical approach of Newmark’s integration is adopted for solving the coupled,
governing differential equations of motion of 5- and 10-story BI buildings with and without TMD
schemes. A set of 40 earthquake ground motions, scaled 80 times to get 3200 ground motions, is used
to develop simplified fragility curves in terms of the isolator maximum displacement. Incremental
dynamic analysis (IDA) is used to develop simplified fragility curves for the maximum target isolator
displacement. It is found that TMDs are efficient in reducing the bearing displacement, top floor
acceleration, and base shear of the BI buildings. In addition, it was noticed that TMDs are efficient
in reducing the probability of failure of BI building. Further, it is found that the MTMDs placed at
the top floor and d-MTMDs on different floors of BI buildings are more efficient in decreasing the
probability of failure of the BI building when compared with STMD.

Keywords: Base-Isolated Buildings; bearing displacement; STMD; MTMDs; d-MTMDs; incremental
dynamic analysis; earthquake

1. Introduction

Over the last couple of decades, structural vibration control techniques have been popularized
for mitigation of dynamic response caused by various environmental actions. Tuned mass dampers
(TMDs) are one of the common control methods used for response mitigation of structures under
dynamic loadings. Their applications in various situations and loads have been addressed by several
researchers [1–7]. As single tuned mass dampers (STMDs) became popular, a more practical solution,
for example, by distributing TMD mass over the structure is being investigated in recent times [8–16].
A detailed literature survey on passive TMDs is presented in Elias and Matsagar [17].

Base-isolation (BI) has been one of the most popular and well-established method of seismic
response control. This method makes use of special devices such as friction pendulum, lead rubber
bearings, etc, to isolate the main structure from the shaking of the ground. Base-isolation system works
by making the isolated structure more flexible at the base, thereby reducing acceleration response
of the superstructure and therefore base shear force on the structure. As a consequence of added
flexibility, displacement demand on the structure gets amplified, and additional damping is provided
to keep displacement demand within acceptable limits. Zelleke et al. [18] studied the effectiveness of
viscous and visco-elastic dampers on seismic response control of BI buildings. They found that there is
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a tradeoff between the extent to which acceleration and displacement demand can be controlled by BI
system combined with additional damping devices.

Tsai [19] investigated the use of TMD alongside BI and observed that TMD is efficient in response
mitigation of BI systems if the dominant period of excitation is longer than the natural period of the
structure. Yang et al. [20] studied the efficiency of passive TMDs in response control of BI buildings.
Xiang and Nishitani [21] described the effectiveness of optimally designed non-traditional TMD for
mitigation of seismic response of BI buildings. Use of TMD with inerter (TMDi) was proposed by De
Domenico et al. [22] and De Domenico and Ricciardi [23–25] for diminishing response of BI buildings
under earthquakes. Rabiee and Chae [26] reported the effectiveness of MR dampers for response
mitigation of BI building under short and long period ground motions. Effectiveness of single TMD
(STMD), multiple TMDs (MTMDs), and distributed MTMDs (d-MTMD) on seismic response control
of BI buildings was investigated by Stanikzai et al. [27,28]. They noticed that d-MTMDs were more
efficient and practical than other schemes.

Past studies on efficiency of TMDs in response mitigation of BI buildings have relied on a limited
number of earthquake ground motions. As there is a large uncertainty in the frequency content,
amplitude, and duration of ground shaking a structure can experience, a control scheme that is found
effective for a certain type of ground motion may not be effective for other ground motions. It is
therefore necessary to consider these uncertainties to have a robust understanding of the usefulness
of TMDs in response mitigation of BI structures. Therefore, a probabilistic approach, for example,
an examination of fragility curves of structures with and without the TMDs, can shed more light on
the overall benefits of using TMDs in BI structures. Such analysis of BI buildings equipped with TMDs
is lacking in the literature.

Among many other methods, the incremental dynamic analysis (IDA) is one of the popular
methods of estimating analytical fragility curves of structures. The idea of incremental dynamic
analysis (IDA) was introduced by Bertero [29]. Kennedy et al. [30] proposed the concept of fragility
analysis in the field of earthquake engineering. Later, the idea was extended by many researchers
including Bazzurro and Cornell [31,32] and Luco and Cornell [33,34]. This method of fragility analysis
was further expanded by Vamvatsikos and Cornell [35]. Nowadays, it is broadly employed in seismic
risk evaluation of structures. The IDA has been taken by the U.S. Federal Emergency Management
Agency (FEMA, [36,37]) standards as a state-of-the-art technique to verify the global collapse capacity
of structures. The IDA relies on nonlinear structural analysis using ground motions with increasing
intensity, estimating some damage measure (DM) for each ground motion, which is characterized
by an intensity measure (IM). Different IMs, for example, peak ground velocity (PGV), peak ground
acceleration (PGA), spectral acceleration, etc., can be used to characterize ground motions. Damage
measures are related to response parameters such as peak base shear, joint rotation, peak story drift,
and bearing displacement. Probabilities of exceeding a specified damage measure for a given excitation
intensity level can be estimated if IDA is conducted with an adequate number of ground motions.

This study applies IDA method to estimate seismic fragility of buildings with BI systems and
investigates the extent to which such fragility can be reduced using different TMD schemes.

2. Structural Model

Schematic representation of different structures considered here is presented in Figure 1.
An idealized N-story BI building is demonstrated in Figure 1a. The masses are lumped at the
floor levels, and the floors are deemed to act as a rigid diaphragm. One horizontal translational degree
of freedom (DOF) is assigned to each floor. BI structures with different control schemes are shown
in Figure 1a–d. In Figure 1b, a TMD is placed at the nth floor, and this scheme is called as BI + STMD.
In Figure 1c, MTMDs are placed at the nth floor, and the scheme is called as BI +MTMDs. When the
multiple TMDs are placed on various floors, as displayed schematically in Figure 1d, the scheme is
called BI + d-MTMDs. For the sake of simplicity, the superstructure is presumed to remain linearly
elastic and soil structure interaction (SSI) is not considered.
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Figure 1. Schematic models of a N-story building with (a) base-isolation (BI), (b) BI + single tuned
mass dampers (STMD) at top floor, (c) BI +multiple tuned mass dampers (MTMDs) at top floor, and
(d) BI + distributed multiple tuned mass dampers (d-MTMDs).

The governing equation of motion of the system under ground shaking can be written as

[M]
{ ..
x(t)

}
+ [C]

{ .
x(t)

}
+ [K]

{
x(t)

}
= −[M]{r}

{ ..
xg

}
(1)

where [M] is the mass matrix; [C] is the damping matrix and [K] is the stiffness matrix of the
structure; {x} = {X1, X2, · · ·XN, Xb, · · · xT1, xT2, · · · xTn}T,

.
x , and

..
x are the unknown relative (floor,

isolator, and TMD) displacement, velocity, and acceleration vectors, respectively;
{ ..
xg

}
is earthquake

ground acceleration; and {r} is the vector of influence coefficients. Following Stanikzai et al. [28],
the [M], [C], and [K] matrices of the BI buildings installed with TMDs can be written as

[M] =

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎣
[mb]1×1 [MN]1×N [mn]1×n
[MN]N×1 [MN]N×N [0]N×n
[mn]n×1 [0]n×N [mn]n×n

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎦ (2)
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[C] =

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎣
[cb]1×1 [0]1×N [0]1×n
[0]N×1 [CN]N×N + [cn]N×N −[cn]N×n
[0]n×1 −[cn]n×N [cn]n×n

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎦ (3)

[K] =

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎣
[kb]1×1 [0]1×N [0]1×n
[0]N×1 [KN]N×N + [kn]N×N −[kn]N×n
[0]n×1 −[kn]n×N [kn]n×n

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎦ (4)

where [mb] is isolator mass matrix, [MN] is superstructure mass matrix, and [mn] is the TMDs schemes
mass matrix. [cb], [CN], and [cn] are the corresponding damping matrices. Similarly, [kb] is isolator
stiffness matrix, [KN] is superstructure stiffness matrix, and [kn] is the TMDs schemes stiffness matrix.
The N story building is isolated by one DOF isolator and equipped by n number of TMDs, that results
in the matrices of the order (N + n + 1) × (N + n + 1).

3. Mathematical Model of Isolator

In this study, a lead rubber bearing (N-Z) isolator is considered. Wen’s model (Wen, [38]) is used
for characterization of hysteretic behavior of the bearing. Figure 2a shows schematic representation of
lead rubber bearings. The restoring force developed in the isolation is given by

Fb = cb
.
xb + αkbxb + (1−α) FyZ (5)

where the yield strength of the bearing is denoted by Fy, initial stiffness of the bearing is denoted by
kb, and viscous damping of the bearing is denoted by cb; α signifies the ratio of post- to pre-yielding
stiffness. A non-dimensional hysteretic displacement component is denoted by Z, which satisfies the
following non-linear first order differential equation

q
.
Z = A

.
xb + β

∣∣∣ .
xb

∣∣∣|Z|Z|nk−1 + τ
.
xb|Z|nk (6)

where the yield displacement is denoted by q; A, β, τ, and nk are dimensionless model parameters,
often calibrated from experimental tests. The integer parameter nk controls the smoothness of transition
from elastic to plastic deformation. The isolation period (Tb), damping ratio (ξb), and normalized yield
strength characterizes the N-Z isolation system. Using the post-yielding stiffness (kp) of the bearing,
the isolation period (Tb) and damping ratio (ξb) are computed by Equations (7) and (8), respectively.

Tb = 2π

√
M
kp

(7)

ξb =
cb

2Mωb
(8)

where ωb is the isolator frequency and W = Mg is the total weight of the building plus isolator
and TMDs, and g is the acceleration due to gravity. Other parameters are maintained constant with
q = 2.5 cm, β = τ = 0.5, A = 1, and n = 2.
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(a) (b) 

Figure 2. Schematic diagrams for (a) N-Z and (b) tuned mass dampers (TMD).

4. Mathematical Model of the TMD

Figure 2b shows schematic illustration of a TMD, which is made up of a mass attached to the floor
by a spring and a dashpot. The ith TMD is illustrated by its stiffness (ki), damping constant (ci), and the
mass (mi). The TMD’s mass ratio μ, designed frequency ωi, tuning frequency ratio f , and damping
ratio ξi, are given by

ωi =

√
ki
mi

(9)

ξi =
ci

2 ωimi
(10)

fi =
ωi
ωb

(11)

μi =
mi
ms

(12)

where ms represents total mass of the BI building. The proposed formulas by Sadek et al. [39]

for optimum tuning frequency ratio fSTMD = 1
1+μSTMD

[
1− ξb

√
μSTMD

1+μSTMD

]
and damping ratio

ξSTMD =
ξb

1+μSTMD
+

√
μSTMD

1+μSTMD
are considered for STMD.

Figure 1c–d show the main system equipped with n number of TMDs (MTMDs) with various
dynamic characteristics. The BI system and each TMD is modeled with a single DOF. In this study,
MTMDs and d-MTMDs are designed by considering unequal masses. The designed frequency of ith
TMD is stated as

ωi = ωT

[
1 +

(
i− n + 1

2

) β
n− 1

]
(13)

where ωT is the average frequency of all the MTMDs (i.e., ωT =
∑ n

j=1ω j/n). Based on the
recommendation of De Domenico and Ricciardi [25], the average frequency is taken as 0.78 times the
fundamental frequency of the BI building. Non-dimensional frequency spacing parameter β of the
MTMDs is defined as

β =
ωn −ω1

ωT
(14)

For a set of TMD units with equal stiffness (i.e., k1 = k2 = k3 = · · · = kn) and equal damping ratio
(i.e., ξ1 = ξ2 = ξ3 = · · · = ξn), the stiffness (kj) is calculated as

kj =
mn(

1/ω2
1 + 1/ω2

2 + · · ·+ 1/ω2
n

) (15)
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where mn is the total mass of all the TMD(s), and the mass of the ith TMD (mi) is given by

mi =
ki

ω2
i

(16)

and the damping coefficient of the TMDs is then given by

ci = 2ξimiωi (17)

In this study, n = 3 is assumed for the cases of MTMDs and d-MTMDs; for MTMDs cases, all the
TMDs are placed at the top floor, whereas for d-MTMDs, the TMDs are placed at the top three floors.

5. Numerical Study

Numerical study is conducted on response mitigation of 5- and 10-story BI buildings equipped
with TMDs at top and at different floor levels under earthquake ground motions. The shear-type
buildings are modeled by considering only a lateral DOF at each floor level. The coupled governing
differential equation of motion for the system is formulated and solved using Newmark’s integration
method with linear acceleration assumption between consecutive time steps. For the sake of simplicity,
the floor mass and stiffness are kept the same herein. The structural damping matrix is constructed
by assuming 2% damping ratio in all the normal modes of vibration. The isolation period and the
TMDs mass ratio are assumed to be 2.5 s and 5%, respectively. The total TMD mass is then divided
into three TMDs for the cases of MTMDs and d-MTMDs. In addition, the isolation damping ratio,
yield displacement, and normalized yield strength (yield strength per unit weight of the structure) are
assumed to be 0.05, 5 cm, and 0.05, respectively [40]. The 5- and 10-story buildings have 0.5 s and 1 s
fundamental period, respectively, when they are fixed at the base.

Incremental dynamic analysis (IDA) of the above-mentioned buildings is conducted. A set of 40
earthquake ground motions are considered (see Tables 1 and 2). Somerville et al. [41] provide more
details of the set of 40 ground motions for a theoretical site in Los Angeles, USA. The set is divided
into two categories: (1) design-basis earthquakes (DBE) and (2) maximum considered earthquakes
(MCE). The DBE are listed as LA01 to LA20 and the MCE are listed as LA21 to LA40 in Tables 1 and 2,
respectively. In order to better understand the nature of the selected DBE and MCE earthquake ground
motions, their displacement and acceleration response spectra considering 2% critical damping are
shown in Figure 3. It can be seen that that selected list encompasses a wide range of amplitude and
frequency content of ground shaking. Each ground motion in the set of 40 are scaled to PGA of 0.025
to 2 g with an increment of 0.025 g (80 times). As a result, a set of 3200 ground motions are obtained,
which are used for IDA. Numerical simulation is carried out with MATLAB. The earthquake ground
excitations are scaled based on the procedure given in Bhandari et al. [42].
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Table 1. List of the design-based earthquakes (DBE)-level earthquake ground motions used in the
study and the event details.

SAC
Name

Record Year
Earthquake
Magnitude

Distance
(km)

Scale
Factor

Number of
points

Δt (s)
Duration

(s)
PGA
(g)

LA01 Imperial Valley 1940 6.9 10 2.01 2674 0.02 53.46 0.46
LA02 Imperial Valley 1940 6.9 10 2.01 2674 0.02 53.46 0.68
LA03 Imperial Valley 1979 6.5 4.1 1.01 3939 0.01 39.38 0.39
LA04 Imperial Valley 1979 6.5 4.1 1.01 3939 0.01 39.38 0.49
LA05 Imperial Valley 1979 6.5 1.2 0.84 3909 0.01 39.08 0.3
LA06 Imperial Valley 1979 6.5 1.2 0.84 3909 0.01 39.08 0.23
LA07 Landers 1992 7.3 36 3.2 4000 0.02 79.98 0.42
LA08 Landers 1992 7.3 36 3.2 4000 0.02 79.98 0.43
LA09 Landers 1992 7.3 25 2.17 4000 0.02 79.98 0.52
LA10 Landers 1992 7.3 25 2.17 4000 0.02 79.98 0.36
LA11 Loma Prieta 1989 7 12 1.79 2000 0.02 39.98 0.67
LA12 Loma Prieta 1989 7 12 1.79 2000 0.02 39.98 0.97
LA13 Northridge 1994 6.7 6.7 1.03 3000 0.02 59.98 0.68
LA14 Northridge 1994 6.7 6.7 1.03 3000 0.02 59.98 0.66
LA15 Northridge 1994 6.7 7.5 0.79 2990 0.005 14.945 0.53
LA16 Northridge 1994 6.7 7.5 0.79 2990 0.005 14.945 0.58
LA17 Northridge 1994 6.7 6.4 0.99 3000 0.02 59.98 0.57
LA18 Northridge 1994 6.7 6.4 0.99 3000 0.02 59.98 0.82
LA19 North Palm Springs 1986 6 6.7 2.97 3000 0.02 59.98 1.02
LA20 North Palm Springs 1986 6 6.7 2.97 3000 0.02 59.98 0.99

Table 2. List of the maximum considered earthquakes (MCE)-level earthquake ground motions used in
the study and the event details.

ZSAC
Name

Record Year
Earthquake
Magnitude

Distance
(km)

Scale
Factor

Number of
Points

Δt (s)
Duration

(s)
PGA
(g)

LA21 Kobe 1995 6.9 3.4 1.15 3000 0.02 59.98 1.28
LA22 Kobe 1995 6.9 3.4 1.15 3000 0.02 59.98 0.92
LA23 Loma Prieta 1989 7 3.5 0.82 2500 0.01 24.99 0.42
LA24 Loma Prieta 1989 7 3.5 0.82 2500 0.01 24.99 0.47
LA25 Northridge 1994 6.7 7.5 1.29 2990 0.005 14.945 0.87
LA26 Northridge 1994 6.7 7.5 1.29 2990 0.005 14.945 0.94
LA27 Northridge 1994 6.7 6.4 1.61 3000 0.02 59.98 0.93
LA28 Northridge 1994 6.7 6.4 1.61 3000 0.02 59.98 1.33
LA29 Tabas, 1974 7.4 1.2 1.08 2500 0.02 49.98 0.81
LA30 Tabas, 1974 7.4 1.2 1.08 2500 0.02 49.98 0.99
LA31 Elysian Park (simulated) 7.1 17.5 1.43 3000 0.01 29.99 1.3
LA32 Elysian Park (simulated) 7.1 17.5 1.43 3000 0.01 29.99 1.19
LA33 Elysian Park (simulated) 7.1 10.7 0.97 3000 0.01 29.99 0.78
LA34 Elysian Park (simulated) 7.1 10.7 0.97 3000 0.01 29.99 0.68
LA35 Elysian Park (simulated) 7.1 11.2 1.1 3000 0.01 29.99 0.99
LA36 Elysian Park (simulated) 7.1 11.2 1.1 3000 0.01 29.99 1.1
LA37 Palos verdes (simulated) 7.1 1.5 0.9 3000 0.02 59.98 0.71
LA38 Palos verdes (simulated) 7.1 1.5 0.9 3000 0.02 59.98 0.78
LA39 Palos verdes (simulated) 7.1 1.5 0.88 3000 0.02 59.98 0.5
LA40 Palos verdes (simulated) 7.1 1.5 0.88 3000 0.02 59.98 0.63
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Figure 3. Response spectra of the sets of DBE and MCE earthquake ground motions.

5.1. Performance of TMDs in Response Mitigation

Figure 4 illustrates the time history and Fourier Amplitude Spectra (FAS) of top floor acceleration
and bearing displacement of BI and BI equipped by different TMD schemes under LA04 earthquake
ground motion. It is observed that the BI building has relatively low acceleration at the top of building,
but very large bearing displacement. The TMDs effectively reduce this large displacement demand.
The peak bearing displacement of BI, BI + STMD, BI +MTMDs, and d-MTMDs are, respectively, 1.86 m,
1.5 m, 1.18, and 1.12 m. It is observed that the STMD could reduce the displacement by about 20%,
whereas, MTMDs and d-MTMDs could reduce displacement by up to 40%. It is also evident that this
reduction in bearing displacement is not at the cost of amplified acceleration.

Thereafter, efficacy of the STMD, MTMDs, and d-MTMDs in vibration mitigation of 5- and 10-story
BI buildings under DBE and MCE earthquakes are presented in Figures 5 and 6. To identify the reason
for effectiveness or vice versa, response of each scheme is arranged based on ratio of Tb/Tf, where Tb

is the isolation period and Tf is the dominant period of ground motion [43,44]. The TMD schemes
are found to be more effective in controlling displacement response when the isolation period is less
than about 3 times the dominant period of ground motion. The d-MTMDs showed marginally more
effectiveness for 5-story BI building (see Figure 5). Even if the d-MTMDs show performance similar to
STMD and MTMDs, it would be more practical as the TMDs are distributed on different floors, which is
better than placing a large mass at the top of the structure. It is to be noted that for acceleration control,
all TMD schemes are similar except in few cases. In most cases, MTMDs and d-MTMDs provide higher
reduction in displacement. However, STMD showed a superior performance for acceleration response
control (see Figures 5 and 6). Overall, the TMD schemes are more effective in controlling response of
the 5-story BI building. Hence, it is determined that TMD schemes are effective in reducing response
of BI buildings under DBE earthquake excitations, especially when Tb/Tf ≤ 3.
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Figure 4. Time history and Fourier Amplitude Spectra (FAS) of top floor acceleration and bearing
displacement of 5 story BI and BI equipped by TMD schemes under LA04 earthquake ground motions.

T T T T

T T T T

Figure 5. Reduction in average peak bearing displacement of BI and BI equipped by TMD schemes
under DBE earthquake ground motions.
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T T T T

T T T T

Figure 6. Reduction in average of peak top floor acceleration of BI and BI equipped by TMD schemes
under DBE earthquake ground motions.

5.2. Seismic Effectiveness of Hybrid System

Probability distribution functions of the BI buildings with and without TMD schemes are presented
in this section. Assuming a lognormal model, the probability distribution of bearing displacement, top
floor acceleration, and normalized base shear are estimated form the calculated response. Cumulative
distribution function (CDF) of response quantities of BI buildings with and without TMD schemes are
presented in Figures 7 and 8. Figure 7 shows that the use of TMDs in BI buildings is more effective in
mitigation of displacement response than acceleration response and base shear demand. In addition,
MTMDs and d-MTMDs are only marginally better than STMDs. Overall, TMDs are found to be
effective in decreasing the seismic response (bearing displacement and top floor acceleration) of 5-story
BI building. It is noticed that the trend of reduction in displacement and acceleration of the 10-storey
building is almost the same (see Figure 8) as that of the 5-story building, but the TMD devices are
less effective.

Figure 7. Cumulative probability distribution functions of maximum bearing displacement, peak top
floor acceleration, and normalized shear force for 5-story building.
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Figure 8. Cumulative probability distribution functions of maximum bearing displacement, peak top
floor acceleration, and normalized shear force for 10-story building.

5.3. Seismic Fragility Analysis

Seismic fragility is defined as the probability of exceeding a defined damage state due to a given
seismic intensity measure (IM). It happens when the seismic applied load (demand) is greater than the
structural capacity. Seismic fragility can be expresses as,

Fragility ≈ P[Demand > Capacity] (18)

For the fragility analysis of the buildings, following two steps are considered: (1) A failure
criteria is defined and (2) a set of seismic intensity measures are selected. Here, the failure criterion
is considered as maximum isolator displacement, which ensures the safety of isolation system. In
this study, the collapse state of damage is based on limit states proposed by Bhandari et al. (2018).
They proposed a limit state for isolator displacement for elastic, elastic–plastic, and plastic states.
The maximum target displacement assuming the plastic state is considered 330 mm in this study.
Once the target displacement is specified, the analysis of BI buildings equipped with different TMD
schemes using the set of 40 earthquakes, each scaled 80 times is carried out. The peak absolute
isolator displacement is recorded. The recorded peak response of the BI building with and without
TMD schemes for the generated number of ground motions (Ngen) are then compared with the
corresponding seismic demands. Thereafter, the probability of failure P f at any certain PGA level is
defined as following

Pf =
Nfail

Ngen
(19)

where Nfail denotes the number of the cases which satisfies Equation (18). Then the process is reiterated
for the range of the above-mentioned PGA levels, and the respective fragility curves are achieved
assuming a lognormal distribution. The procedure of obtaining the fragility curves for the BI building
equipped with the TMD schemes is schematically described in Figure 9. The bearing displacement
fragility curves for 5-story BI building equipped with TMDs is depicted in Figure 10.
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Figure 9. Procedure for seismic fragility analysis of base-isolated building equipped with TMD schemes.

Figure 10. Bearing displacement simplified fragility curves for 5-story base-isolated building equipped
with TMDs.

The TMD schemes reduce the probability of the considered damage state by about 10% across
a range of PGA. The MTMDs and d-MTMDs are found to perform slightly better than the STMDs.
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In addition, similar trend of response reduction was observed for the case of 10-story BI building
equipped with TMDs and the results are shown in Figure 11. Since these fragility curves represent
uncertainty in ground motion intensity and frequency content, while the structure is assumed to be
deterministic, the resulting fragility curves are called as simplified fragility curves in the sense that
they might be different from real fragilities of a structure with uncertain parameters. There is future
scope for experimental verification of the concept like reference [45].

Figure 11. Bearing displacement simplified fragility curves for 10-story base-isolated building equipped
with TMDs.

6. Conclusions

Seismic response mitigation of base-isolated (BI) building installed with a single tuned mass
damper (STMD), multiple TMDs (MTMDs), and distributed MTMDs (d-MTMDs) are investigated.
Numerical analysis of two BI buildings equipped with TMDs is performed using analytical models
of 5- and 10-storey buildings. Results were analyzed to investigate effectiveness of different TMD
schemes in reducing displacement and acceleration demand of the BI structure. Such effectiveness was
investigated in terms of percentage reduction in response as a function of ground motion frequency
content, probability distribution functions of response parameters, and fragility curves corresponding
to failure of the isolation device due to excessive displacement. The following conclusions can be made
from the results of the analyses.

1. TMD schemes are can be used to control bearing displacement of BI buildings subjected to
earthquake ground excitations without compromising the control in acceleration response
achieved by BI.

2. MTMDs and d-MTMDs are marginally better than STMD in controlling the bearing displacement
of the BI building. The effectiveness of MTMDs and d-MTMDs are same as STMD for mitigating
top floor acceleration.

3. The TMD schemes reduce the fragility of the structure by about 5% in a wide range of PGA of
0.5g to 1g. For weaker and stronger shaking, the reduction in fragility is not significant. It is to be
noted that the TMDs used in this study are not optimized for specific type of ground motions and
might experience detuning effects for some ground motions. Designing such TMDs based on
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effective period of vibration of a structure for a well-established target displacement obtained
from appropriate hazard analysis might provide additional benefits.
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Featured Application: This developed “double-step” horizontal-connection and energy-dissipation

structure could be used for prefabricated structures such as shear walls and replaceable coupling

beams. In its first step, it weakly connects two adjacent shear walls and mainly dissipates the

input energy. In its second step, it could strongly integrate two separate adjacent shear walls into

one unit to obtain one stronger structure member to resist the collapse of the structural system.

Abstract: This study proposed a developed horizontal-connection and energy-dissipation structure
(HES), which could be employed for horizontal connection of prefabricated shear wall structural
system. The HES consists of an external replaceable energy dissipation (ED) zone mainly for energy
dissipation and an internal stiffness lifting (SL) zone for enhancing the load-bearing capacity. By the
predicted displacement threshold control device, the ED zone made in bolted low-yielding steel
plates could firstly dissipate the energy and can be replaced after damage, the SL zone could delay the
load-bearing and the load-displacement curves of the HES would exhibit “double-step” characteristics.
Detailed finite element models are established and validated in software ABAQUS. parametric analysis
including aspect ratio, the shape of the steel plate in the ED zone and the displacement threshold in
the SL zone, is conducted. It is found that the HES depicts high energy dissipation ability and its
bearing capacity could be obtained again after the yielding of the ED zone. The optimized X-shaped
steel plate in the ED zone exhibit better performance. The “double-step” design of the HES is a
potential way of improving the seismic and anti-collapsing performance of prefabricated shear wall
structures against large and super-large earthquakes.

Keywords: energy dissipation; “double-step” characteristics; stiffness lifting; seismic performance;
horizontal connection; prefabricated shear wall structural systems

1. Introduction

1.1. Research Status of the Connection for the Prefabricated Shear Wall System

In order to achieve the green and sustainable development and solve the problem of environmental
protection and labor shortage, it is particularly significant to develop innovative prefabricated shear
wall systems appropriately employed in tall buildings and some special structures [1–3]. The in-cast
shear wall system is characterized by great lateral stiffness and bearing capacity. The traditional
prefabricated shear wall system is designed according to the in-cast structure standards and its seismic
performance fails to meet the requirements of the current seismic design code of buildings in China.
With the application of prefabricated structural system especially in highly seismic regions, innovative
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design theories and systems are to be used to endow this new prefabricated system with high seismic
and resilient performance. Therefore, the utilization of some resilient energy dissipation devices in
structures is sensible to enhance the performance of prefabricated shear wall systems both in the large
and super-large earthquakes [4,5].

The performance of connections between prefabricated shear walls has a significant influence
on the seismic behavior of the prefabricated shear wall system. The present connections mainly
include cast-in-place bolt connection, casing grouting connection, reserved hole slurry anchoring
connection, bolt connection and post-tensioned prestressed connection [6–8]. Shemie [9] proposed a
bolt connection between prefabricated panels which makes the connection between the wall panels
more flexible and their ductility could be effectively utilized. Zhu et al. [10] conducted a mechanical
study on horizontal and vertical joints on fabricated large slab structures, showing that horizontal
seams could decrease the lateral stiffness and the shear angle of the vertical joint has a great influence
on the distribution of the internal forces. Noel and Soudki [11] performed a reciprocating loading
test on prefabricated shear walls and found that the bearing process of the horizontal joint could be
defined as three stages which are the elastic stage before slipping, the elastoplastic stage before the
damage of horizontal joint and the total slip damage. In the final stage of the slip failure, the strength
will drop by 20% and the mortar will be crushed. Sun et al. [12] developed a new-type vertical joint
for prefabricated wall and experimental results demonstrated that these connections were strong
enough to maintain the global seismic behavior of the prefabricated wall equal to in-cast ones. Smith
and Kurama [13] studied the prestressed specimens and found that their strength and initial stiffness
are similar to those of cast-in-place specimens. The test piece demonstrated slight damage with a
large nonlinear displacement, good self-centering ability but a little decrease in energy dissipation
ability. Vaghei et al. [14,15] tested the U-shaped steel channel wall-to-wall connection and found
that this type of connection performed better than loop connections. Guo et al. [16] proposed bolt
connections for prefabricated wallboard structures and conducted shaking table tests on a 1/2 scale
three-story model. The results show that the prefabricated structure system has the characteristics
of high stiffness, large bearing capacity, and high collapse margin ratio. Because the current design
code regards grouting pile connection as an idealized steel bar, it ignores the restriction of sleeve
and composite behavior of components. Son et al. [17] proposed that the sheer force of horizontal
connections of members can be resisted by overlapping anchors. The shear behavior of overlapping
anchors between prefabricated concrete slabs and reinforced concrete members in simulated tests is
analyzed. The results show that the average shear strength of overlapping anchorage connections
is 109% of the calculated value. Jiang et al. [18] studied the effect of new bolted connections on the
mechanical properties of prestressed concrete shear walls. The results show that the strain of the joints
is less than the yield strain, and the joints do not destroy. The mechanical properties of the joints are
similar to those of the cast-in-place reinforced concrete shear walls. Therefore, the performance of
the connection could significantly influence the structural performance especially in the final stage in
the earthquake.

1.2. Research Status of the Shear-Type Metal Damper

Many scholars have conducted extensive research on the behavior of metal dampers used
in structural systems. Metal dampers as passive energy dissipation devices commonly serve as
non-structural members reciprocating to absorb the input seismic energy and protecting the structural
members. This energy dissipation is obtained by plastic deformation in which the structural member
is in elastic [19]. Low-yield-point steel has the advantages of low yield strength, large elongation, and
good ductility. Its high plastic deformation ability could enhance the structural energy dissipation
ability [20]. The shear metal damper proposed by J.M. Kelly was widely used in the damping design of
building structures due to simple structure and excellent performance. Whittaker et al. [21] proposed
geometrically optimized X-shaped mild steel dampers and triangular soft steel dampers. Zhang and
Zhang [22] experimentally researched different ways of weakening the stiffness of the damper in which
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the shape in the middle has a great influence on the ductility and the flange plates of different shapes
have no obvious influence. Abebe et al. [23–25] conducted experimental research and simulation on
the hysteretic behavior of low-yield steel shear dampers. Mortezagholi et al. and Zahrai et al. [26,27]
proposed a damper with a circular cross-section by geometrically optimized parameter analysis.
In order to solve the connection problem between lead blocks and components, Cheng et al. [28]
proposed a baffle-type lead damper and its test results demonstrated excellent energy consumption
ability. According to the above study, metal dampers could achieve good energy dissipation ability but
their failure would result in degradation of the structural stiffness. To some degree, the high rigidity of
in-cast structural systems would limit the performance of dampers and the stiffness degradation of the
prefabricated structures would result in the collapse especially in large and super-large earthquakes.
U-shaped metal yield damper introduced by Jamkhaneh et al. [29] has been tested about its mechanical
displacement, lateral strength, elastic stiffness, and energy dissipation ability. Lin et al. [30] developed
a detachable buckling restrained shear plate shock absorber. The influence of key design factors,
such as the length-width ratio of the slab and the number of internal composite plates, on the seismic
performance of the damper, is studied, and the design formulas for calculating the elastic stiffness
and ultimate strength of the damper are proposed. Zhu et al. [31] proposed a metal shear plate
damper with an optimized shape. The test results show that the metal shear damper has stable energy
dissipation capacity and good low cycle fatigue performance. Belleri et al. [32] proposed that the
use of passive energy dissipation and re-centering devices could limit the structural damage. Mazza
et al. [33,34] successfully proposed a design procedure for the damper braces to attain a designated
performance level according to a certain proportion of reinforcement and further developed a new
displacement-based design procedure to proportion hysteretic damped braces considering the effect
of a structure’s seismic degradation. These procedures are verified to be highly effective when being
utilized in designing frame structures.

Some gap dampers are proposed by Rawlinson et al. [35] and De Domencio et al. [36] which
could be designed to be engaged after an expected displacement and they depict good performance
when being utilized in base-isolated structural system. Therefore, an innovative type of wall-to-wall
horizontally connecting structure with high energy dissipation and stiffness lifting ability is proposed,
which is expected to enhance the seismic and resilient performance of prefabricated shear wall systems.

This study proposes an innovative “double-step” horizontal-connection and energy-dissipation
structure (HES) with the character of high energy dissipation and capacity lifting after the decrease.
In its first step, it weakly connects two adjacent shear walls and mainly dissipates the input energy.
In its second step, it could strongly integrate two respectively working adjacent shear walls into one
unit to obtain one stronger structure member to resist the collapse of the structure system. The design
procedure of the HES is briefly depicted in Figure 1. First, a shear walls structural system analytical
model is built and analyzed in a predicted earthquake is. After that, the shear bearing capacity Vf

and the allowable horizontal displacement ΔWH of the shear wall are calculated. The shear threshold
displacement D of the HES is determined according to the allowable horizontal displacement ΔWH,
by which the input energy during the earthquake is dissipated by the ED zone before yield the shear
wall. The shear bearing capacity Vf of shear wall is employed to predict the shear capacity of the
SL zone of the HES VHSE to ensure that the HES could strongly integrate two respectively working
adjacent shear walls into one unit to obtain one stronger structure member to resist the collapse of the
structure system. Numerical analysis is performed to comprehensively study the hysteretic behavior
of the HES utilizing the validated finite element models. Their hysteretic load-displacement curves,
skeleton curves, shear deformation, and failure mode are discussed in detail and the optimized design
methods are suggested.
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Figure 1. Design flow chart of the horizontal-connection and energy-dissipation structure (HES).

2. The Mechanism of the HES

2.1. General Concepts

The equivalent in-cast connecting method is commonly used in traditional prefabricated shear
wall systems which fails to restore the structural function once being damaged in the earthquake.
The proposed HES mainly consists of the energy dissipation zone (ED), the stiffness lifting zone (SL)
and the horizontal connecting zone (HC) as shown in Figure 2. The HES could horizontally connect
two adjacent walls (Figure 2a), the steel plates in the ED zone and SL zone both utilize bolt connection
which could be fast replaced after damage in the earthquake and the resilient structural performance
is obviously enhanced. The low-yield-strength steel plates are employed in the ED zone mainly
dissipating seismic energy. As depicted in Figure 2d–f, the SL zone is composed of the shear stiffness
lifting plate, the flange plate, functional bolts, and the buckling restrained plates. The diameter of the
functional bolt bar is set to be smaller than that of the circle hole in the shear stiffness lifting plate and
this deviated value is the shear displacement threshold. By this threshold control system, the HES
exhibits a controlled two-stage mechanical behavior. As depicted in Figure 2, the obvious shear
deformation of the HES could be investigated when the in-plane lateral deformation of two adjacent
walls are observed in the earthquake. In the first stage, when the shear displacement is smaller than
the displacement threshold the functional bolts would not contact the shear stiffness lifting plate and
the SL zone has no contribution to the performance of the HES, only the ED zone dissipating the input
seismic energy. In the second stage, when the shear displacement is smaller than the displacement
threshold, the SL zone would begin to work and the shear stiffness and bearing capacity of the HES
increase again. The adjacent walls would be assembled again becoming a strengthening system and the
lateral bearing capacity of shear wall system would increase again, which could protect the structure
in the large and super-large earthquake.
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Figure 2. Detailed instruction of the HES system. (a) The wall connection, (b) assembly model,
(c) cross-section, (d) disassembled model, (e) lateral stiffness lifting zone, (f) threshold control system.

The shear wall and the HES are assumed to be rigid pieces as shown in Figure 3. The deformation of
the HES could be computed approximately by Equation (1) when achieving the horizontal displacement
of shear walls.

  
(a) (b) 

Figure 3. The shear deformation of the HES. (a) The boundary condition, (b) calculation shear
deformation of the HES according to the drift displacement.

The drift ratio is a significant parameter defined in many specifications, which is utilized to evaluate
structural performance. Therefore, the limited shear deformation of the HESs could be calculated.

Δs = 0.5·θ·L = 0.5·Δhw·L/H (1)

where, Δhw is the horizontal displacement of the shear wall, Δs is the shear deformation of the shear
wall, θ is the drift ratio, L is the width of the shear wall, H is the height of the shear wall.
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2.2. The Expected Failure Mode of the HES

The low-yield-point steel plates (LY 100) the yield stress of which is 100 MPa, are utilized in the ED
zone. In order to ensure the bearing capacity and shear stiffness of the SL zone, Q345B is utilized the
yield stress of which is 345 MPa. The threshold control displacement should be reasonably established
to ensure that the ED zone and the SL zone could perform well in sequence. Furthermore, the threshold
displacement could be adjusted according to the requirement of the expected structural performance,
by changing the hole diameter in the shear stiffness lifting plate. In addition, the shear stiffness and
strength of the shear stiffness lifting plate could be effectively enhanced by adding the flange plate on
both sides. Simultaneously, the functional bolts are designed to come to failure in the second stage and
the other parts of the SL zone are in elastic. When the ED zone and the functional bolts are damaged
in the earthquake, they could be fast and easily replaced, largely enhancing the structural resilient
performance. Therefore, the ED zone is expected to dissipate the input seismic energy firstly and the
functional bolts are expected to fail with high ductility.

In order to clarify the mechanical mechanism of the HES, simplified models are used in finite
element modelling analysis. The lateral connection of the HES to the wall is considered to be rigid.
The bolted connection of the steel plates in the ED zone is also considered to be a rigid connection.
The threshold control displacement of the typical specimen of HES is set to be 3 mm. On the basis of
the simplification, this expected failure mode would be validated by numerical analysis.

3. Model Development and Validation

The finite element analysis is an efficient way to predict the performance of testing specimens.
The software ABAQUS was employed to simulate the typical hysteretic behavior of the HESs.
This numerically modelling method is validated by successfully simulating the cyclic behavior of
one low yield strength steel shear plate damper tested by Zhang et al. Using this modelling method,
the performance of the HESs are predicted and evaluated.

3.1. Finite Element Model for The HESs

The model and the boundary conditions are depicted in Figure 4. The shell element S4R
is used to model the behavior of the steel plates in the ED zone including their buckling.
Eight-node-three-dimensional solid element (C3D8R) with reduced integration and hourglass control
is utilized to simulate functional bolts, the flange plate and the shear stiffness lifting steel plates.
The overall meshed model includes a total of 40,444 elements. A typical surface-to-surface contact
with a penalty algorithm is employed between the functional bolts and the shear stiffness lifting plate.
A hard contact pressure-over closure relationship is adopted to model the normal contact behavior and
the friction coefficient is set to be 0.2 to simulate the tangential slip behavior. The same contact setting
is used between the surfaces of buckling restrained steel plates and shear stiffness lifting steel plates.
In addition, the geometric nonlinearity is considered to model the intermittent contact behavior in the
SL zone. The circular part and the bolts in the SL zone are more elaborately meshed. Considering
the computational efficiency and reliability the mesh size of the HES is the same as above which is
appropriate for this analysis.
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Figure 4. The finite element model for the HES.

3.2. Material Constitutive Models

The von Mises yield criterion and bilinear model are utilized for simulating the behavior of the
ED zone made of low yield point steel (LP100) and the SL zone made of Q345B. When the strain ε
of the steel sheet is less than the ultimate strain, the actual stress σ of the steel sheet is equal to the
elastic modulus multiplied by the strain ε; when the strain ε of the steel sheet is greater than the
ultimate strain, the actual stress σ of the steel sheet is equal to the elastic modulus multiplied by the
ultimate strain. With the advancement of structural health monitoring technology, high precision strain
measurement can be obtained [37,38] to guarantee the quality and reliability of stress calculation under
complicated load bearing situation. The elastic modulus of the steel is set to be = 2.05 × 105 MPa,
the Poisson’s ratio of steel is taken as 0.3 [39,40].

3.3. Validation of the Finite Element Model

3.3.1. Verification

Zhang et al. [41] conducted a cyclic fatigue performance test of a low yield strength steel shear
plate damper and the failure mode is depicted in Figure 5b investigating obvious buckling. Using the
method above, the finite elemental analysis (Figure 5a) is conducted and the results including the
failure mode and the cyclic curve are shown in Figure 5c,d. It can be seen that simulated buckling
deformation is consistent with the tested. The simulated curve agrees well with the test curve but a
little deviation of the initial stiffness could be observed which might be caused by failing to accurately
model the actual loading boundaries. In addition, this finite element model(FEM) accurately predicts
the bearing capacity in each loading circle. Therefore, this modelling method could be used to predict
the behavior of the HESs and the results could be used to evaluate their performance.

   
 

(a) (b) (c) (d) 

Figure 5. The validation of the finite element modeling method. (a) Finite element model, (b) tested
failure mode, (c) simulated failure mode, (d) hysteresis curves.

Xu et al. [39] proposed a metal shear plate damper utilizing the low yield performance of BLY
160 materials for effective energy dissipation and conducted hysteric tests to evaluate its performance.
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This metal shear plate damper is composed of four components: shear panels, confined flanges,
stiffening ribs and the roof/floor plates for connection (Figure 6b). To validate the simulating method
used above, the above modelling method is employed to carry out a finite element analysis of the
damper (Figure 6a). The failure mode, the buckling behavior and numerical simulated curves are
shown in Figure 6c,d. It is found that the simulated curve has good coincidence with the test curve,
but the load-displacement amplitude has some deviation. Some unpredicted slip occurred in the
boundary during the experimental loading process, resulting in a deviation between the finite element
loading displacement and the test. Therefore, the modelling method could simulate the hysteric
behavior of the HESs and could be utilized to evaluate their performance.

    
(a) (b) (c) (d) 

Figure 6. The validation of the finite element modelling method. (a) Finite element model, (b) tested
failure mode, (c) simulated failure mode, (d) hysteresis curves.

3.3.2. The Simulation of the Double-Step Performance of the HESs

The detailed geometric parameters are listed in Table 1, Table 2 and Figure 7. The monotonic
behavior of specimen HES1 is simulated and the results are shown in Figure 7 and its displacement
threshold is set as 3mm. When the shear displacement is applied to 0.24 mm (the drift ratio = 0.12/100),
the steel plate in the ED zone begins to yield and the yielding area gradually enlarges from the two ends
of the steel plate to the middle part as shown in Figure 8a. With the increment to 3 mm (the drift ratio θ

= 1.5/100), the steel plate totally comes into plastic and the shear strength of HES1 comes to the end of
its first step, as shown in Figures 8b and 9a. With the development of deformation, the SL zone begin
to work and when the horizontal displacement is up to 3.8 mm (the drift ratio = 1.9/100), the middle
part of functional bolts yields, the shear stiffness lifting plate is almost in elastic with slight stress
concentration at the bolt holes as shown in Figure 8c,d. Finally, the full section of the functional bolts
come into plastic and the shear stiffness lifting plate locally yields, as shown in Figure 8e,f. The top
and bottom boundaries utilized thick steel plates to simulate the connection to shear walls. When the
HES is employed in steel composite shear wall system [42] and steel-damping-concrete composite wall
sytems [43] the high strength bolt connection is available.

Table 1. Common geometric parameters for specimens.

The Typical Dimensions for All HES Specimens (mm)

b H t a h hc tc ba ha ta bf hf tf

The HESs 330 380 400 65 20 70 10 40 200 56 200 140 10

Table 2. Specific dimensions for HES specimens.

No.
The Geometric Parameters of HES Specimens (mm)

bw hw tw bt ht tt R1 R2 D(R1 - R2) R3 bw1 hw1 bw2 hw2

HES1 200 200 10 200 330 16 11 8 3 - - - - -
HES2 200 200 10 200 330 16 11 8 3 - 50 100 - -
HES3 200 200 12 200 330 16 11 8 3 - 50 100 - -
HES4 200 200 10 200 330 16 10 8 2 - - - - -
HES5 200 200 10 200 330 16 13 8 5 - - - - -
HES6 200 200 10 200 330 16 11 8 3 - - - 50 50
HES7 200 200 10 200 330 16 11 8 3 50 - - - -
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Figure 7. The detailed dimensions of HES specimens. (a) 3D model, (b) energy dissipation (ED)
zone/rectangular steel plates (HES1/HES4/HES5), (c) stiffness lifting (SL) zone/the shear stiffness
lifting plate, (d) SL zone/the shear stiffness lifting plate, (e) the top view, (f) ED zone/X-shaped steel
plates(HES2/HES3), (g) ED zone/Rectangular hole (HES6), (h) ED zone/Circular hole (HES7).

   
(a) (b) (c) 

 

 
 

(d) (e) (f) 

Figure 8. The validation of the finite element modelling method. (a) The stress distribution of ED zone
(θ = 0.12%), (b) the stress distribution of ED zone (θ = 1.5%), (c) the stress distribution of SL zone
(θ = 1.9%), (d) the stress distribution of functional bolts (θ = 1.9%), (e) the stress distribution of SL
zone(θ = 5%), (f) the stress distribution of functional bolts (θ = 5%).

The double-step force-displacement curve of HES1 is depicted in Figure 9a and the typical
double-step working mechanism of the HESs is shown in Figure 9b. The performance of the HES can
be observed with four stages including the completely elastic stage, ED plastic stage, SL elastic stage
and functional bolts plastic stage. In the completely elastic stage (the OA line in Figure 9a), steel plates
in ED are in elastic and the initial shear stiffness is K1 = 525.19 kN/mm. When coming to the ED plastic
stage (the AB line), the input seismic energy is mainly dissipated by the plastic deformation. From
point B to point C (the SL elastic stage), the SL zone is almost in elastic and the HES restores the bearing
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capacity and the shear stiffness with K2 = 166.32 kN/mm. As the shear displacement increases, the
bending deformation of the functional bolts gradually develops into the fourth stage (the CD line) and
finally the come into yielding as depicted in Figure 9b.

  
(a) (b) 

Figure 9. The typical curve for the HES. (a) Monotonic force-displacement curve, (b) the failure mode.

3.3.3. The Typical Hysteric Behavior of the HESs

The loading protocol is shown in Figure 10a which is divided into ten stages with two cycles in
each stage. In this protocol, two types of calculating the loading displacement are adopted respectively
considering the character of the ED zone and the SL zone. In the stages of only the ED zone working,
the loading displacement is set according to the yield displacement of the steel plate and the latter
loading amplitude is twice the amplitude of the previous loading displacement. In the stages of
the ED zone and the SL zone working simultaneously, the loading displacement is set according to
the yield displacement of the SL zone and the latter loading amplitude is 1.4 times of the previous
loading amplitude. The simulated typical hysteresis curve is depicted in Figure 10b demonstrating the
deforming characteristics and energy dissipation performance. Due to the in-plane shear resistance
of the steel plate in the ED zone, the HES exhibits a character of the large initial stiffness and the
high energy dissipation ability. It can be seen that the cyclic curves are close to rectangular shapes
indicating the great energy dissipation ability. When the loading displacement is larger than the
designed displacement threshold, the area of the hysteresis curve and the bearing capacity both
gradually increase largely. The hysteretic curve exhibits double-step operating characters with both
high energy dissipation ability and the shear stiffness re-lifting ability.

  
(a) (b) 

Figure 10. The typical hysteresis curve of the HESs. (a) The loading protocol, (b) the hysteretic curve.
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4. Parametric Analysis

In order to further optimize the performance of the HES, seven specimens with different threshold
displacements, different steel plate width-thickness ratios and different shapes of the steel plates in the
ED zone are designed and simulated using software ABAQUS. The detailed geometric parameters
are shown in Figure 7, Table 1, and Table 2. The common and specific geometric parameters are
respectively listed in Tables 1 and 2. The influence of the shape of the steel plate in the ED zone is
investigated by the comparison among specimens HES1, HES2, HES6, and HES7. The influence of the
width-thickness ratio is studied by comparing the performance of HES2 and HES3. The threshold
displacements of HES2, HES4, and HES5 are changed to investigate their influence.

4.1. Parameter Analysis Under Monotonic Load

4.1.1. The Investigation on the Influence of the Shape of the Steel Plate in the ED Zone

The monotonic behavior of four specimens with different shape types for steel plated in the ED
zone including the rectangular shape (HES1), the X-type (HES2), the rectangular shape with one
diamond-shaped hole (HES6) and the rectangular shape with one circular hole (HES7) are simulated.
Their load-displacement curves, the stress distribution of the steel plates in the ED zone and typical
analyzed results are depicted in Figure 11 and Table 3.

  
(a) (b) 

 
 

(c) (d) 

 
(e) 

Figure 11. The influence of the shape of the steel plate in the ED zone. (a) Load-displacement curves,
(b) the steel plates in ED zone (HES1), (c) the steel plates in ED zone (HES2), (d) the steel plates in ED
zone (HES6), (e) the steel plates in ED zone (HES7).
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Table 3. Typical analyzed results.

NO.
The Surface Area

(mm2)
The Initial Stiffness

(KN/mm)
Yield Load

(KN)
Yield Displacement

(mm)

HES1 4.00 525.19 160.05 0.304
HES2 3.00 458.13 116.19 0.253
HES6 3.50 370.01 95.78 0.258
HES7 3.21 319.78 70.63 0.221

It is observed in Figure 11a that the bearing capacity the HES with rectangular steel plates in the
ED zone is the largest. Among the four shape-types of the steel plates in the ED zone, the bearing
capacity of the rectangular typed specimen is larger than those others but this type of shape failed to
fully develop the plastic deformation. Among the three optimized shapes, the X-shaped specimen
HES2 with the smallest surface area exhibits the best performance including the initial stiffness and
bearing capacity as shown in Table 3.

4.1.2. The Influence of the Width-Thickness Ratio of the Steel Plate in the ED Zone

The monotonic behavior of specimens with optimized X-shaped low-yield-point steel plates (HES2
and HES3) are analyzed and the load-displacement curves are shown in Figure 12a. The thickness
of X-shaped low-yield steel plates of specimen HES2 and HES3 are respectively set to be 10 mm and
12 mm which is the only difference between them. With the increase of thickness, the obvious increase
of shear capacity (22.5%) can be investigated and the initial shear stiffness is slightly increased.

  
(a) (b) 

Figure 12. The monotonic load-displacement curves for HES2/HES3/HES4/HES5. (a) The influence of
the width-thickness ratio, (b) the influences of the displacement of threshold.

4.1.3. The Shear Stiffness Lifting Control System

The shear displacement threshold is a significant parameter to decide on which level of shear
deformation the SL zone begins to bear loads. The shear displacement threshold (D (R1-R2)) of
specimen HES2, HES4 and HES5 are respectively set as 3 mm, 2 mm and 5 mm and the computed
load-displacement curves are shown in Figure 12b. It is concluded that this shear stiffness control
system endows the HES with double-step character, sufficient energy dissipation ability and the ability
to prevent the collapse of the structure in large earthquakes. If the shear displacement threshold is too
large, the strength degradation of the steel plate in the ED zone will result in a decrease in the ultimate
strength of the HES. Therefore, the shear displacement threshold could be adjusted according to the
requirement of performance design.

4.2. Simulated Hysteretic Curves

As depicted in Figure 13, the shapes for the simulated hysteretic curves of the seven specimens
are similar to each other and. Due to the shear stiffness lifting control system, two stages of energy
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dissipation and load-bearing is investigated. When shear displacement is smaller than the threshold
displacement, the shape of the hysteretic curves is similar to rectangular and the high energy dissipation
performance of the ED zone is obtained. With the increase of the thickness of steel plates, the bearing
capacity and the energy dissipation ability are both enhanced. The Bouc–Wen–Baber–Noori model
could be adopted to describe the hysteric character and used to analyze the seismic behavior of wall
systems. The gap in the SL zone could be further utilized to add some viscous damping material to
increase the damping ratio according to the requirement of the wall system.

   
(a) (b) (c) 

   

(d) (e) (f) 

 
(g) 

Figure 13. The hysteretic curves of specimens. (a) HES1, (b) HES2, (c) HES3, (d) HES4, (e) HES5,
(f) HES6, (g) HES7.

4.3. Skeleton Curves

The skeleton curves (Figure 14a) are obtained by the peak point of the envelope in the first cycle
of each loading step which could be used to evaluate the performance of the strength, shear stiffness
and ductility. The double-step mode of the seven specimens is basically coincident which is mainly
controlled by the shear displacement threshold. The comparison HES structural specimens with
different threshold displacements, different thicknesses, and shapes of steel plates in the ED zone are
respectively shown in Figure 14b–d. It can be seen that the energy-dissipation process of the ED zone
is slightly extended as the threshold displacement increases. However, the bearing capacity of the SL
zone is not obviously influenced by the threshold displacement. With the increase of thickness, both
the bearing capacity of the ED zone and the HES increases. The yield displacement depends on neither
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the thickness nor the bearing capacity. The X-shaped steel plates with the smallest surface area exhibit
the highest bearing capacity in shapes optimized from the rectangular shape which is suggested to be
utilized in the ED zone.

  
(a) (b) 

  
(c) (d) 

Figure 14. Skeletoncurves. (a)HES1-HES7, (b)HES2/HES4/HES5, (c)HES2/HES3, (d)HES1/HES2/HES6/HES7.

4.4. The Energy Dissipation Ability of the ED Zone

It can be seen from Figure 15a that, basically, the HES specimens with the rectangular shape of steel
plates in the ED zone exhibit larger bearing capacity in the same deformation. But the rectangular steel
plate would result in stress concentration and the failure in the bolt connection boundary. The specimen
HES2 with optimized X-shape steel plates in the ED zone exhibits the highest energy dissipation
capacity compared with that of specimen HES6 and HES7. Because of the thickness increase of
steel plates in the ED zone, the energy dissipation capacity of specimen HES3 is larger than that of
specimen HES2 as shown in Figure 15b. Figure 15c depicts that the specimens with the larger threshold
displacement would dissipate less energy before the SL zone coming to work. When the SL zone begins
to bear the load and the plastic deformation of the bolts would increase its energy dissipation ability.

173



Appl. Sci. 2020, 10, 1240

  
(a) (b) 

.  
(c) (d) 

Figure 15. Accumulative energy dissipation curves. (a) HES1/HES2/HES6/HES7, (b) HES2/HES4/HES5,
(c) HES2/HES3/HES4, (d) HES1-HES7.

5. Summary and Conclusions

The inherent out-of-plane stiffness and strength of the HES are mainly provided by the steel plates
in the ED zone. The strong connections to the two adjacent walls of the HES can also ensure its in
plane performance. In the further study a kind of supporting structure will be developed in the SL
zone to enhance its out of place performance. This study mainly analyzed the in-plane monotonic and
hysteretic behavior of the HESs using software ABAQUS. Seven specimens of the HES are designed
with different parameters and the influence of the parameters on their performance is investigated
giving some optimized suggestions. The failure mode of the HESs is observed and their typical
performance load-displacement is proposed with the character of double-step. Because of the design
of the shear stiffness lifting control system, the ED zone would firstly come into plastic dissipating
the input seismic energy and the SL zone would come into play when the large deformation occurs
in a large and super large earthquake. Therefore, the HES can be used as the horizontal connecting
member for the shear wall system and simultaneously enhance its seismic and resilient performance.
On the basis of the above simulation and analysis, the following conclusions are obtained.

(1) The proposed shear displacement threshold control system endows the HES with the ability
of energy dissipation, stiffness lifting and shear strength lifting by the separate function of the ED
zone and the SL zone. The bolt connection in the ED zone and the functional bolts could be easily
and rapidly replaced when being damaged in the earthquake, which largely enhances the resilient
performance and the recovery capability of the structural system. The threshold can be adjusted
according to the requirement of the structural performance, this proposed The HES could be used in
prefabricated shear wall system and the performance-based design could be applied.

(2) The rectangular shape for the steel plate in the ED zone exhibits good energy dissipation
performance and is easy for construction. According to the parameter analysis of the shape, the
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X-shaped steel plate in the ED zone exhibits the best performance and this type is suggested to be
utilized in the HESs.

(3) The shear deformation of the HES is caused by the horizontal displacement of the shear walls.
When being employed in shear wall structures, the ultimate drift ratio of the HES in this study is about
4%, which could be adjusted to meet the requirement of corresponding horizontal displacement of the
shear wall. The ductility coefficient of the steel plate in the energy dissipation zone is about 15 and the
use of the low-yield-point steel could effectively enhance the energy dissipation ability in small shear
deformation during small earthquakes.
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Abstract: This paper studies the seismic and micro vibrations of the high-tech factory with and
without lead rubber bearings (LRBs) using the three-dimensional (3D) finite element analysis.
The soil-structure interaction is included using the p-y, t-z, and Q-z nonlinear soil springs, while the
time-history analysis is performed under seismic, wind, or moving crane loads. The finite element
results indicate that the moving crane does not change the major ambient vibrations of the factory
with and without LRBs. For a normal design of LRBs, the high-tech factory with LRBs can decrease
the seismic base shear efficiently but will have a much larger wind-induced vibration than that
without LRBs, especially for the reinforced concrete level. Because micro-vibration is a major concern
for high-tech factories, one should use LRBs with a large initial stiffness to resist wind loads, and use
a small final LRB stiffness to reduce the seismic load of high-tech factories. This situation may make
it difficult to obtain a suitable LRB, but it is an opportunity to reduce the seismic response without
increasing the micro-vibration of high-tech factories.

Keywords: earthquake; high-tech factory; lead rubber bearing; moving crane; soil structure interaction;
vibration; wind load

1. Introduction

The lead rubber bearing (LRB) has the advantage of increasing a building’s natural period, which is
away from the seismic period range, to avoid the amplification caused by earthquakes, so it is ideal to
reduce seismic loads using LRBs for high-tech factories. However, the LRB may increase environmental
vibrations induced by moving vehicles and wind loads, which will damage the high-tech production.
In the literature, the issue of LRBs for high-tech factories is rarely studied. However, LRBs have many
references in building and bridge research and testing. Turkington et al. [1,2] demonstrated the bridge
isolation design process that can be applied to all earthquakes and used the numerical simulation
of LRB bridges to obtain the long-term periodic displacement and effective damping, due to LRBs,
which can improve the seismic capacity of general bridges. Fujita et al. [3] conducted a base isolation
test for a building and found that LRBs can effectively reduce the building response. Salic et al. [4]
used LRB numerical simulation on eight-layer structures to propose that the structure increases the
natural period to avoid the shortest period of earthquake damage. Kalpakidis et al. [5] proposed a
theory that predicts the dependence of feature intensity and energy time to predict the behavior of
LRBs to simplify the analysis. Kalpakidis and Constantinou [6] proposed the necessary conditions for
reducing the LRB scaling test and the need to consider the temperature rise of the lead core. Islam et
al. [7] made a multi-layer building foundation combined with finite element simulations of LRBs,
suggesting that this isolation technology has the ability to survive buildings under strong earthquakes.
Li et al. [8] studied the rational yield ratio of isolation system for buildings, considering the influences
of total heights, yield ratios, and seismically isolated schemes, and the rational range of the yield ratio
is recommended to be 2%–3%.
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In a number of references, correlation studies on the effects of LRB parameters are used to
understand the best design parameters. Warn et al. [9] studied the relationship between lateral
displacement and vertical stiffness of LRB and found that the vertical stiffness decreases with the
increase of lateral displacement. Weisman and Warn [10] conducted experiments and numerical
simulations to understand the relationship between LRB critical loads and lateral displacements
and found that the critical loads decrease with the increase of lateral displacements. Al-Kutti and
Islam [11] proposed that LRB systems with higher characteristic strength and relatively less isolation
periods behave better to reduce structural offset, and LRBs with lower characteristic strength and
a high isolation period can control the basic shear, providing a small acceleration and low inertia.
Several references investigated the biaxial interactions of LRBs, which is convenient for understanding
interaction effects. Nagarajaiah et al. [12] considered the formula proposed by Park to simulate the
biaxial interaction of LRB. Huang et al. [13] proposed a two-way simulation formula for LRBs and
made some experiments to compare the uniaxial and biaxial effects. Abe et al. [14] conducted a
biaxial test on LRBs to understand the effect of the torsional coupling effect. It is suggested that the
two-axis interaction cannot be ignored. Falborski and Jankowski [15] used the experiment to verify the
effectiveness of an isolation system made of polymeric bearings in reducing structural vibrations and
demonstrated that the application of this bearing can significantly reduce the lateral acceleration.

Although the application of LRBs is quite mature, there is very little or probably no research that
focuses on high-tech factories directly. The reason is because the equipment used to produce high-tech
productions requires strict micro-vibration standards, but it is unclear whether micro-vibration will
increase significantly when LRBs are installed in high-tech factories. This study thus investigates both
the seismic and ambient vibrations, due to the LRB installed in the high-tech factory, using the finite
element method, while the ambient vibrations are induced by the wind load and moving crane.

2. Finite Element Modeling of Lead Rubber Bearings

The LRB, as shown in Figure 1, is a single or multiple lead core built into laminated rubber to
reduce structural horizontal vibration during earthquakes. Because the laminated rubber has high
vertical stiffness, low horizontal stiffness, and high recovery and lead metal has low yield stress,
combining the characteristics of the two makes the LRB a good vibration isolation device.

 
Figure 1. Illustration of the lead rubber bearing (LRB) containing a lead core and laminated rubber.

Nagarajaiah et al. [12] proposed a two-way LRB model as below:
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where {P} = [Px, Py]T is the LRB force vector, {U} = [Ux, Uy]T is the in-plane displacement vector
between the LRB two sides, α is the ratio of the final LRB stiffness over the initial LRB stiffness
(α = kd/ke, ke= Fy/Y = initial LRB stiffness), Fy is the LRB yielding force, Y is the LRB deflection at the
yielding force, kd is the yielding LRB stiffness, {Z} = [Zx, Zy]T is the LRB nonlinear variable, γ, β,
and A are dimensionless parameters to control the shape of the hysteresis loop used in the two-way
theory, where A/((γ + β)=1, and [I] is a unit vector. Equation (2) is nonlinear, and the Newton–Raphson
method can be used to find {Z} using

{ .
U

}
obtained from the finite element analysis. The details can be

found in [16]. The finite element stiffness matrix of the shear force contribution is:

Kshear =

[
K11 K12

K21 K22

]
(3)
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where ∂Zx
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∂Zy
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, and
∂Zy
∂Uy

, can be found in [16]. Equations (3) and (4) produce an unsymmetrical
global stiffness matrix, which may cause the double requirement of computer memory and time. Thus,
one can empirically set K21 = K12 = (K12 + K21)/2, and use the Newton–Raphson method to obtain
the solution with small unbalance forces. The solution is still accurate, since equation (1) is used to
find the LRB internal force vector without errors, but the Newton–Raphson iterations may increase
when one direction is loading and the other is unloading. For the vertical direction of the LRB stiffness
(Kv), a linear spring is used. The original LRB hysteretic curve under low speed loads can be modified
as the functions of the wave frequency, wave speed, and axial load [17,18]. For simplicity, we used the
original LRB model for finite element analyses.

Laboratory experiments were conducted to find the LRB characteristics at a vertical compressive
force of 6300 kN and a maximum horizontal displacement of 0.149 m. The experimental results are
shown in Figure 2, plotted as the dot line, where the LRB calibrated material properties are Ke = Kd/α =
1.9 × 105 kN/m (initial stiffness), Kv = 5 × 107 kN/m, Fy = 370 kN, α = 0.0288, β = 0.1, and γ = 0.9 based
on equation (1). Finite element analysis using the proposed LRB element mentioned above was then
performed to find the hysteresis curve, as shown in the black line in Figure 2. This figure indicates a
good agreement between the finite element analysis and experimental result.

Figure 2. Experimental and finite element results for the LRB hysteresis curve.
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3. High-Tech Factory and Finite Element Model

3.1. Illustration of the Structure of the High-Tech Factory

Before explaining the studied factory, we first briefly introduce the micro vibration standards in
the high-tech industry. Gordon [19] recommended the vibration criterion (VC) for high-tech factories,
where five levels include VC-E to VC-A under the velocity vibration at the floor slab from 42 dB to
66 dB with the increment of 6 dB, where the dB calculation can be found in the references [19,20].
The studied high-tech factory located in southern Taiwan is a three-story building mainly used for
producing photovoltaic panels, where the first level is the VC-C reinforced concrete (RC) structure,
the second level is the VC-B steel structure, and the third level is the VC-A steel structure. Intensive
RC columns are used in the first level to avoid environmental vibration, while large span truss frames
are used in the second and third levels to achieve greater production space. It is noted that the studied
factory has no currently installed LRBs, and we use it to perform the seismic and micro vibration
analyses with and without LRBs. Figure 3 shows the two typical frames in the X and Y direction.
In the RC level, the column span is 6 m in the X direction and 5.2 m in the Y direction, where there
are 71 and 27 column lines in the X and Y directions, respectively. As shown in Figure 3, the RC
columns connected to the steel frame have a big square size of 1.5 m, and others are 0.6 m. For the
two steel levels, the column span is 12 m in the X direction and 32 m in the Y direction, while the
section properties are shown in Table 1. The thickness of the RC slab is 0.725, 0.55, and 0.45 m for the
first to third level, respectively, and the main purpose of thick slabs is to reduce ambient vibration.
For the two steel levels, the properties of steel sections are listed in Table 1, where columns are the
box section and others are the H-shape section. This high-tech factory used pile foundations of 28 m
length to avoid excess environmental vibration, while the reversed circulation piles with two different
sections were constructed, and one is the diameter of 1.5 m connected to the big columns and the
others are the diameter of 0.6 m connected to other columns. The soil profile contains 10 m inorganic
clays of medium plasticity (undrained shear strength Su = 50 kPa), 5 m sandy soil (submerge internal
frictional angle of sand φ = 33◦), 10 m clay of hard plasticity (Su = 150 kPa), and the rest is very hard
sand (φ = 37◦). We used the axial forces from columns to select appropriate LRBs, where two types
of LRBs were used at the top of piles. As shown in Figure 3, the first type, named LRB1, was used
to connect with the big columns, and the second type, named LRB2, was used to connect to other
columns, where Table 2 shows the material properties of the two types of LRBs.

 
(a) X-direction section. 

Figure 3. Cont.
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 (b) Y-direction section  

Figure 3. Two typical frames of the high-tech factories.

Table 1. The steel sections in the second and third levels of the high-tech factory, as shown in Figure 3
(A572 steel with Fy = 345 MPa).

Member Axis Label
Member Dimensions (mm)

d×bf×tw×tf

Column ALL C1 BOX 900 × 900 × 35 × 35

Braces X B1 RH 400 × 400 × 13 × 21

Braces Y B2 RH 414 × 405 × 18 × 28

Braces Y B3 RH 428 × 407 × 20 × 35

Girder X G1 RH 588 × 300 × 12 × 20

Girder Y G2 BH 375 × 200 × 10 × 25

Table 2. LRB material properties (= 0.1, and = 0.9 based on Equation (1)).

Name Model/Parameter Ke(kN/m) Fy(kN) α Kv(kN/m)

LRB1 EIRL-G4-1000-170 1.9732×104 196.0850 0.0769 4.660×106

LRB2 EIRL-G4-700-130 1.4058×104 114.8299 0.0769 3.259×106

3.2. Finite Element Model

The finite element program from reference [21] was used in the finite element analysis, where
the LRB element mentioned in Section 2 has been added into this program. The three-dimensional
(3D) finite element mesh is shown in Figure 4 with the total number of degrees of freedom of 1,849,662
and 695,643 elements, where the high-tech factory, warrior slabs, crane, and rail system are included.
Although the finite element is complicated, the major part of the mesh is modelled using 2-node 3D
beam elements, such as beams, columns, piles, and crane rails of the factory, and the end released
moments of beam elements are used to model truss members. Waffle slabs are simulated using
2-node 3D beam elements with 0.75 m interval, 0.4 m width, and 0.75, 0.55, and 0.45 m depth on the
first, second, and third floor slabs, respectively, where the 0.18 m rigid zone at two beam ends is set.
The slabs at the truss bottom on the second and third steel stories are modeled using 4-node plate
elements with a thickness of 0.15 m. The soil-structure interaction is modelled using the API p-y, t-z,
and Q-z nonlinear soil spring elements [22], where one end of these elements are connected to the
beam element nodes of piles, and the other nodes are applied to the time-history seismic displacements
for the earthquake load. If LRBs are included, the LRB elements mentioned in Section 2 are generated
between foundation beams and the top of piles, as shown in Figure 3. The Rayleigh damping was used
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in the finite element analysis, where the mass damping equals 0.3/s and the stiffness damping equals
0.0003 s, which gives approximately 4% damping ratio at frequencies of 0.6 and 40 Hz, respectively.

 

Figure 4. Three-dimensional (3D) Finite element mesh containing the high-tech factory, slabs, rails,
and crane (The big and small columns are connected to LRB1 and LRBs, respectively, as shown in
Table 2).

The rail and crane system on the second level, as shown in Figure 4, contains two steel rails with
the properties of the axial area of 0.17 × 10−2 m2, Ix of 0.19E-4 m4, and Iy of 0.6 × 10−4 m4. The 2-node
3D beam element is used to simulate rails supported by the 1.3 m interval springs with the stiffness of
4.8 × 105 kN/m and the damping of 10 kN-s/m between rails and slabs. Two slave nodes, labeled as
node S in Figure 4, are controlled by the master node at the beam center at each support section, while
a number of slave nodes W at the rail top are set for the route of moving wheel elements. Thus, the
crane finite element model can be moved on the rails which are connected to the slab of the high-tech
factory. The crane, as shown in Figure 4, is generated using a beam, spring-damper, and moving wheel
elements [20] with the mass of five tons. Except the API soil spring, LRB, and moving wheel elements,
other finite elements are linear elastic. The consistent mass method, Newmark’s integration method
with the average acceleration, and the Newton–Raphson method were used to solve this nonlinear
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problem with a time step of 0.005 s and a simulation of 20,000 time steps for wind loads and 10,000 time
steps for other loads. The finite element analysis contains two stages, where the first stage is the static
analysis under the dead weight load using a step, and the second stage is the time-history analysis
using 10,000 or 20,000 time steps. It is noted that a comparison against sensors’ measurements under
both wind-induced and crane-induced vibrations was reported in [20,23] to validate the accuracy of
the finite element analysis.

3.3. Illustration of Seismic Loads

The artificial earthquake generation software Simqke [24] was used to generate the time-history
seismic acceleration using the spectrum from IBC 2006 [25], as shown in Figure 5. The peak ground
accelerations (PGA) of 0.25, 0.28, 0.32, 0.36, and 0.40, respectively, were used for five seismic loads in
the global X direction with Ts (Figure 5) of 0.6 s, where one group is shown in Figure 6. Moreover, the
important parameter Ts representing the dominant frequency of seismic loads, as shown in Figure 5,
was set to 0.4, 0.5, 0.6, 0.7, 0.8, 0.9, 1.0, 1.2, and 1.4 s, respectively, with the PGA of 0.32 g for nine
seismic loads in the global X direction. For the other two directions, 70% and 30% of that PGA in the
global Y and Z directions, respectively. This three-direction seismic accelerations are applied on the
ground surface. We used ten soil layers with the interval of 5 m for the SHAKE 91 [26] input data.
The SHAKE 91 program is then used to generate the acceleration field in each soil layer. Finally, the
integration to obtain the displacement fields, which are applied to the node of each p-y, t-z, and Q-z
curve elements for the seismic simulation.

 

S a

 

 1.0 

  

Figure 5. Seismic response spectrum according to IBC 2006 [25].

Figure 6. Cont.
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Figure 6. Artificial time-history seismic acceleration for Ts = 0.6 and peak ground accelerations (PGAs)
of 0.36, 0.252, and 0.108 g in the local X, Y, and Z directions.

4. Parametric Study Using LRBs in High-Tech Factories

4.1. Earthquake Effect

The base shears in the X and Y directions of the factory with and without LRBs are shown in
Figure 7, where the PGA of the applied seismic load is 0.32 g, and Ts is 0.7 and 1.4 s for two cases,
respectively. The base shear is determined from the summation of the shear forces at the top of all
the piles, and it represents the total seismic loads changing with time for the superstructure of the
high-tech factory. To simplify the time-dependent base shears in the X and Y directions, we first find
the magnitude (S(t)) of the two-direction base shears using the following equation:

S(t) =
√

Sx(t)
2 + Sy(t)

2 (5)

where Sx(t) and Sy(t), as shown in Figure 7, are the time-dependent base shears in X and Y directions,
respectively. Then, we obtain the maximum base shear (Smax) of all the time steps during the finite
element analysis. Finally, we define the base shear ratio (R = SmaxLRB/ SmaxNO-LRB) as the maximum
base shear of the structure with LRBs (SmaxLRB) over that without LRBs (SmaxNO-LRB)), and this ratio
can be used to understand the efficiency of the LRB used to structures during earthquakes. Figure 8
shows this base shear ratio changing with PGA under Ts of 0.6 s, and Figure 9 shows that changing
with Ts under the PGA of 0.32 g. These figures indicate the following features:

(1) Figure 8 shows that when PGA increases, the base shear ratio increases slightly. However, for
the worse case, the ratio for the PGA of 0.4 g is still small, which means that the LRB can effectively
reduce the seismic load regardless of the magnitude of earthquakes. Figure 9 shows that when the
dominant period of the earthquake increases, the base shear ratio increases to a noted extent. For long
period seismic loads, such as near fault earthquakes, this situation can lead to LRB disadvantages.

(2) Usually, the high-tech factory requires thick floor slabs, big long trusses, and dense RC columns
to reduce ambient vibration, but this arrangement will largely increase the building mass that causes
large seismic loads during earthquakes. The high-tech factory with LRBs can decrease over 50% of the
seismic base shear under Ts ≤ 1.0, which means that the high-tech factory can resist larger earthquakes
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using LRBs for not very long periods of seismic loads. The comparison of base shears, shown in
Figure 7a,b, between the factory with and without LRBs indicates the above conclusion, where the
time-history base shears of the factory with LRBs are much smaller than those without LRB.

(3) For the earthquake with a very long dominant period, such as 1.4 s, the LRB efficiency to
reduce the factory base shear may decrease a little, since the natural period of the factory, due to the full
yield of the LRB, can approach the earthquake with a long dominant period. However, earthquakes
with this long dominant period often occur in significantly soft soil, and the design of LRBs for the
high-tech factory may avoid this condition. Nevertheless, the simulation results indicate that the LRB
efficiency for the earthquake with a long dominant period is still in the acceptable range, as shown in
Figure 7c,d.

 
(a) X-direction base shear Ts = 0.7 s (b) Y-direction base shear Ts = 0.7 s 

 
(c) X-direction base shear Ts = 1.4 s (d) Y-direction base shear Ts = 1.4 s 

Figure 7. Comparison of base shears between the factory with and without LRBs under the seismic
load of PGA = 0.32 g and Ts = 0.7 s and 0.14 s.

Figure 8. The base shear ratio changing with PGA under Ts of 0.6 s.
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Figure 9. The base shear ratio changing with Ts under the PGA of 0.32 g.

4.2. Micro-Vibration Induced by Mobile Cranes

Floor micro-vibration induced by moving cranes inside the high-tech factory is the major
environmental source which affects the production operation in high-tech factories. As shown in
Figure 4, the rail and crane system on the second level was studied, where the crane moves back and
forth on the 60-m rail system with a maximum crane speed of 3 m/s. Figure 10 shows the ambient
vibration in X, Y, and Z directions at the 10 m location from the railway centerline of the moving
crane, while the factory was arranged with and without LRBs. This figure shows that the vertical (Z)
vibration induced by moving cranes is much larger than those in the in-plane (X and Y) directions.
Moreover, the major vibrations that are above 40 dB, and between 15 to 40 Hz, in these three directions
for the factory with and without LRBs are almost identical, in which these major vibrations between 15
to 40 Hz are the slab natural frequencies invoked by the vibration of the moving crane, more details
can be referred to in [20]. The ambient vibrations at other frequencies are small but different from the
factory with and without LRBs. One can still realize that the factory without LRBs has smaller ambient
vibrations than that with LRBs, because the LRBs cause a big rigid body motion of the high-tech factory.
Nevertheless, the moving crane does not change the major ambient vibrations between the factory
with and without LRBs.

Figure 10. Velocity vibration dB at 10 m from the centerline of the crane railway on the first steel level
for the factory with or without LRBs.
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4.3. Micro-Vibration Simulation Under Wind Loads

In addition to vibration generated by moving cranes, wind-induced floor vibration in high-tech
buildings is another major source of environmental loads affecting production operations. Therefore,
we followed the reference [23] to study the wind induced vibration, and the LRB effect was investigated
in this paper, where the analysis only included dead and wind loads and the seismic load was not
used in this section. Since wind forces applied to the factory are space- and time-dependent, we used
the wind speed simulation software TurbSim [27] to generate the space- and time-dependent wind
speed field in the Y direction on the whole X-direction outer plane to compare the floor vibration of the
factory with and without LRBs. Since the building is much longer in the X direction than that in the Y
and Z directions, the Y-direction wind-induced vibration should be the largest, and we will thus only
focus on this direction vibration. The normal turbulence model is used in the analysis with the average
wind speed at the height of 30 m (V30m) during 10 min, while V30m is set to 5, 10, 15, 20, and 25 m/s
for the five cases, and the turbulence standard deviation is set according to IEC-61400-1 in 2019 [28],
as follows:

σ1(m/s) = 0.16(0.75V30m + 5.6) (6)

In the setting of this program, an area of 500 m wide by 60 m high was arranged with 41 by
41 girders to find the turbulent wind speeds. The average wind speed in the vertical direction is
according to the normal wind profile as below:

VZ = V30m

( Z
30

)α
(7)

where Z (m) is the vertical height above the ground, and α equal to 0.14 is the power law exponent.
Figure 11 shows the turbulent wind velocity at the height of 30 m on the building center, and it is noted
that the wind velocity is time- and location-dependent. The wind pressure is determined as below:

P(X, Y, Z, t) = CPρV(X, Y, Z, t)2/2 (8)

where P(X,Y,Z,t) is the time- and space-dependent wind pressure, V(X,Y,Z,t) is the time-and
space-dependent wind speed from the TurbSim result, Cp (0.8) is the shape coefficient, and ρ
(0.00128 t/m3) is the air density. Finally, the time-history finite element analysis is performed to
find the wind-induced vibrations on the three floors, which are shown in Figure 12 for the case of the
average wind speed V30m equal to 15 m/s. These figures indicate that the high-tech factory with LRBs
will have much larger wind-induced vibration than that without LRBs, especially for the RC level that
is located at the first level. The increased velocity vibration dBs for the RC level, the first steel level,
and the second steel level are about 19, 6, and 4 dB, respectively. Therefore, this situation will bring
great disadvantage to the use of LRB in high-tech factories. The reason for largely increasing the floor
vibration induced by wind loads is that the initial stiffness of the LRB is considerably soft, so that the
rigid body motion of the factory superstructure cannot be avoided due to the wind load. Even for a
small wind load, which is still much larger than the load of moving cranes, the wind induced rigid
body motion still causes problems for the factory with LRBs. We further analyzed the factory under
different average wind speeds (V30m) and then only selected the maximum dB from all the frequencies,
as shown in Figure 13. This figure indicates a very similar conclusion as that of the average wind speed
equal to 15 m/s not only for the steel levels but also for the RC level, while the average wind speed was
set to a board range from 5 to 25 m/s. An interpolation scheme was used to find the requirement of
micro vibration according to the guidelines for high-tech factories, and the result is shown in Table 3.
The table can be used to estimate the wind-induced vibration for a high-tech factory approximately,
although the result is dependent on the structure dimensions and member sizes. This table also
indicates that using LRBs for the high-tech factory will highly increase the wind-induced vibration,
especially for the vibration on the RC level. For the high-tech without LRBs, the RC level at the first
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floor can resistant vibration under a moderate wind field, but the steel levels above the RC level may
not be qualified for such a wind field. To overcome this problem, the shade of adjacent buildings for
the high-tech factory was proposed to resistant the wind induced vibration [23], where the height of
the shading building should be more than 60% of the factory height. This shade method is still useful
for the high-tech factory with LRBs.

Figure 11. Turbulent wind velocity at the height of 30 m on the building center.

Table 3. The minimax average wind speed (m/s) during 10 min for the criteria of the micro-vibration
for the studied high-tech factory.

Level VC-D(48dB) VC-C(54dB) VC-B(60dB) VC-A(66dB) Type

1st Without LRB 16.8 23.4 >25 >25 RC
1st With LRB 5.9 8.8 12.6 17.6 RC

2nd Without LRB 7.3 10.3 14.7 20.9 Steel
2nd With LRB 4.4 7.3 10.4 14.7 Steel

3rd Without LRB 4.9 7.9 11.5 17 Steel
3rd With LRB 3.4 6.2 9.1 13 Steel

 
(a) At the first floor (RC level) 

Figure 12. Cont.
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(b) At the second floor (the first steel level) 

 
(c) At the third floor (the second steel level) 

Figure 12. Velocity vibration dB at the first to third floors under the wind load with the average wind
speed of 15 m/s for the factory with or without LRBs.

Figure 13. Maximum velocity vibration dB at the first to third floors under the wind load with the
average wind speed from 5 to 25 m/s for the factory with or without LRBs.
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5. Design of LRBs Concerning the Micro Vibration

The LRBs should possess large stiffness for frequent small or moderate earthquakes but small
stiffness for extreme earthquakes. If the micro vibration is the major concern for the high-tech factory,
the investigation of Section 4 indicates that the selection of LRBs should first consider the problem of
the large micro vibration induced by the wind load. Thus, the LRB with a large initial stiffness (Ke)
and a small ratio of the final stiffness over the initial stiffness (α) should be used, where the large Ke

can resist wind loads and the small α can reduce seismic loads. However, this situation may cause
difficulties in finding a suitable LRB, so we will first select LRBs with large Ke, where 5E5 kN/m
(Fy = 300 kN and Kv = 8E7 kN/m) and 3E5 kN/m (Fy = 200 kN and Kv = 5E7 kN/m) are used at the
bottom of the big and small columns, respectively. Then, α is set to 1%, 2.5%, 5%, and 7% for three
cases. The artificial earthquake is set using the PGA of 0.32 g and Ts of 0.9 s (Figure 5), and the average
speed of the turbulent wind load is set to 25 m/s. The finite element results are shown in Figures 14
and 15, where Figure 14 shows the velocity dB changing with frequencies for the wind load, in which
the results are not dependent on α because the yield of LRBs is not obvious under the average wind
speed of 25 m/s, and Figure 15 shows the base shear ratio (R = SmaxLRB/ SmaxNO-LRB) changing with α.
The two figures indicate the following features:

(1) Figure 14 shows that the slab vibrations induced by the wind load are similar between the
factories with and without LRBs, where the vibrations of the LRB factory are slightly large about 2
to 3 dB greater than those without LRBs. This improvement is significant compared to the result in
Figure 11, because the large initial stiffness of the LRB resists the wind loads. Moreover, most of the
LRBs are still not yielded, so the slab vibrations are independent of the LRB parameter α.

(2) Figure 15 shows that the α should be smaller at higher LRB initial stiffness to reduce the seismic
load of high-tech factories. This situation may make it difficult to obtain a suitable LRB, for example,
α in Figure 15 is less than 2%. Nevertheless, using the large initial stiffness and small αmay reduce
seismic responses but not increase the micro vibration for high-tech factories

 
Figure 14. Velocity vibration dB changing with frequencies at the first to third floors under the wind
load with the average speed of 25 m/s for the factory with or without LRBs (The dB values with LRBs
due to α from 0.01 to 0.07 are almost identical.).
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α

Figure 15. The base shear ratio changing with α (Equation (1)) under the PGA of 0.32 g and Ts of 0.9 s.

6. Conclusions

The important conclusions drawn from this work are the following:
(1) For the crane-induced vibration, the vertical vibration is much larger than that in the in-plane

directions. Moreover, the major vibrations between 15 to 40 Hz, induced by the slab natural frequencies
and the moving crane, are almost identical for the factory with and without LRBs, and the ambient
vibrations at other frequencies are small. This is because the factory mass is much larger than that of
the moving crane. Thus, the moving crane does not change the major ambient vibrations between the
factory with and without LRBs.

(2) The high-tech factory with LRBs can decrease over 50% of the seismic base shear for earthquakes
with Ts≤ 1.0, and for earthquakes with a long dominant period, such as Ts = 1.4 s, the LRB efficiency
may decrease a little. However, the high-tech factory with LRBs may have much larger wind-induced
vibration than that without LRBs, especially for the RC level that is the most critical for micro vibration.
This is because the turbulent wind is fully loaded to the factory while the LRB initial stiffness is not
large enough. Therefore, this situation will bring great disadvantage to the use of LRB in high-tech
factories. To overcome this problem, the shade of adjacent buildings for the high-tech factory may be
an alternative to resistant the wind-induced vibration.

(3) Because micro vibration is a major concern for high-tech factories, one should use the LRB
with a large initial stiffness and a small ratio of the final stiffness over the initial stiffness (α). The large
initial stiffness of the LRB can resist the wind loads, while the small α can reduce the seismic load of
high-tech factories. This situation makes it difficult to obtain a suitable LRB but may reduce seismic
responses while not increasing the micro vibration for high-tech factories.
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Abstract: Stay cables exhibit both great slenderness and low damping, which make them sensitive to
resonant phenomena induced by the dynamic character of external actions. Furthermore, for these
same reasons, their modal properties may vary significantly while in service due to the modification
of the operational and environmental conditions. In order to cope with these two limitations, passive
damping devices are usually installed at these structural systems. Robust design methods are thus
mandatory in order to ensure the adequate behavior of the stay cables without compromising the
budget of the passive control systems. To this end, a motion-based design method under uncertainty
conditions is proposed and further implemented in this paper. In particular, the proposal focuses
on the robust design of different passive damping devices when they are employed to control the
response of stay cables under wind-induced vibrations. The proposed method transforms the design
problem into a constrained multi-objective optimization problem, where the objective function is
defined in terms of the characteristic parameters of the passive damping device, together with
an inequality constraint aimed at guaranteeing the serviceability limit state of the structure. The
performance of the proposed method was validated via its application to a benchmark structure with
vibratory problems: The longest stay cable of the Alamillo bridge (Seville, Spain) was adopted for
this purpose. Three different passive damping devices are considered herein, namely: (i) viscous; (ii)
elastomeric; and (iii) frictions dampers. The results obtained by the proposed approach are analyzed
and further compared with those provided by a conventional method adopted in the Standards. This
comparison illustrates how the newly proposed method allows reduction of the cost of the three
types of passive damping devices considered in this study without compromising the performance of
the structure.

Keywords: motion-based design; uncertainty conditions; constrained multi-objective optimization;
reliability analysis; passive structural control; cable-stayed bridges

1. Introduction

One of the main elements that governs the dynamic behavior of cable-stayed bridges is their
stay cables [1]. This structural system has both a high flexibility and a low damping, which makes it
susceptible to suffer both from different vibratory problems [2] and exhibit significant changes in its
modal properties induced by the modification of the operational and environmental conditions [3].
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The vibratory problems observed in cables of cable-stayed bridges may be classified in terms
of the structural elements excited during the vibration phenomenon into the following [2]: (i) local-
global vibratory problems, in which the vibrations involve the excitation of both the cables and the
deck of the structure [4]; and (ii) local vibratory problems, in which only the cables of the structure
are excited laterally [5]. These vibratory problems may be caused by either of the following: (i) direct
excitation sources, such as road traffic, wind [6] or earthquake action [7], or (ii) indirect excitation
sources, such as linear internal resonances, parametric excitations or dynamic bifurcations.

In this paper, we focus on the case of wind-induced vibrations of stay cables, as this is the source
problem of many vibratory issues reported in the literature [2]. As wind-induced vibrations can cause
different structural problems on stay cables (like fatigue or comfort problems), two types of measures
are normally adopted to mitigate the cable vibrations [8], consisting of either of the following: (i)
modifying its natural frequency via the installation of a secondary net of cables [9]; or (ii) increasing its
damping ratio via the installation of external control systems [2]. Such control systems for stay cables
may be classified into three different groups [8]: (i) active [10]; (ii) semi-active [11]; and (iii) passive [12].

Active control systems for stay cables focus on controlling the dynamic response of the cable
via the modification of its tensional state [13]. For this purpose, some kind of actuator, following the
orders of a controller, acts on the cable in order to minimize the difference between the actual response
of the cable (recorded by a sensor) and the allowable response value [14]. Although the theoretical
research on the use of these devices has experienced a significant growth in recent years, their practical
implementation in real cable-stayed bridges has been limited due to their high cost and the robustness
problems associated with the power supply needed to guarantee their operation [2].

On the other hand, semi-active control systems focus on modifying the constitutive parameters of
external damping devices deployed to control the response of the stay cable under external actions [15].
Among the different semi-active devices, magnetorheological dampers have been widely studied and
implemented in real cable-stayed bridges [16]. Although semi-active damping devices outperform
their passive damping counterparts [17] with a lower cost than active control systems, their efficiency is
limited when they are employed under uncertainty conditions, since their performance highly depends
on the control algorithm considered for the design [18].

Finally, passive control systems for stay cables focus on increasing the damping ratio of the cables
via the installation of external devices, whose characteristic parameters are originally designed to
mitigate the dynamic response of the structural system [19]. Due to the robustness of such passive
damping devices [20], they have been installed successfully on numerous real cable-stayed bridges
to reduce wind-induced vibrations [21]. Nevertheless, these devices present as main limitation, a
lower flexibility to adapt the system response to the variability of both the external actions and the
modification of the stay cable parameters induced by loading, when compared to the active and semi-
active devices. In order to overcome this limitation, two strategies may be adopted as outlined: either
(i) to install a hybrid control system [22]; or (ii) to design the passive damping device taking into
account these uncertainty conditions via a robust design method [23].

Different design methods have been developed for this purpose. Among the different proposals,
Kovacs was the first researcher to study the optimum design of viscous dampers for stay cables [24].
Subsequently, Pacheco et al. provided a universal curve which allows the representation of the modal
damping of the first vibration mode of a taut cable in terms of the damping coefficient of the viscous
damper [25]. The maximum of this curve corresponds to the optimum damping ratio of the taut cable
when a viscous damper is installed on it. Later, Krenk et al. obtained an analytical expression for this
curve [26]. Alternatively, other authors, such as Yoneda and Maeda, proposed an analytical model of
the damped cable to determine the optimum parameters of the passive damper [27]. Although the
design parameters obtained following any of these approaches are similar, so that they are currently
employed for the practical design of passive damping devices, they fail to take into account a key
aspect: the uncertainty associated with the variation of both the external actions and the modification
of the modal properties of the stay cables [28].
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In order to overcome this limitation, a motion-based design method [29] under uncertainty
conditions is formulated, implemented and further validated in this paper. In fact, this proposal
generalizes the formulation of a well-known design method, the so-called motion-based design method
under deterministic conditions [30], to the abovementioned uncertainty conditions. The proposed
motion-based design method under uncertainty conditions transforms the design problem into a
constraint multi-objective optimization problem. Hence, the main objective of this problem is to find the
optimum values of the characteristic parameters of the passive damping device which meet the design
requirements for the structure. For this purpose, a multi-objective function is defined in terms of these
parameters, together with an inequality constraint aimed at guaranteeing the compliance of the design
requirements. Such design requirements are defined in terms of the vibration serviceability limit state
of the structure. Since this serviceability limit state is defined under stochastic conditions, the failure
probability of its compliance must be limited [31] and a reliability analysis must be performed [32,33].
For practical engineering applications [34], an equivalent reliability index is usually considered instead
of the probability of failure. Thus, the formulation of the inequality constraint is realized in terms of the
reliability index, which cannot exceed an allowable value [35]. For the computation of the reliability
index, a sampling technique, the Monte Carlo method has been considered herein [36].

Finally, in order to validate the performance of the proposed method, it was applied to the robust
design of three different passive damping devices (viscous, elastomeric, and friction dampers) where
they are installed on the longest stay cable of the Alamillo bridge (Seville, Spain). To this end, only the
effect of the rain–wind interaction phenomenon and the turbulent component of the wind action were
considered. The results were compared with those obtained applying a conventional approach. This
comparative study reveals that the proposed method allows the reduction of the cost of the passive
damping devices while ensuring the structural reliability of the stay cable.

The manuscript is organized as follows: First, the motion-based design method under uncertainty
conditions is described in detail. Next, a damper-cable interaction model under wind action, based on
the finite element (FE) method, is presented. Subsequently, the performance of the proposed method is
illustrated and further validated with a case-study (Alamillo bridge, Seville, Spain). In the final section,
some concluding remarks are drawn to complete the paper.

2. Motion-Based Design of Structures under Uncertainty Conditions

2.1. Motion-Based Design of Structures under Deterministic Conditions

Structural optimization is a computational tool which can be used to assist engineering practitioners
in the design of current structural systems [37]. Thus, this computational tool allows the optimum
size, shape or topology of the structure to be found which meet the design requirements established
by the designer/manufacturer/owner. Among the different structural optimization methods, the
performance-based design method has been widely employed to design passive damping devices for
civil engineering structures [23,30]. When the design requirements are defined in terms of the vibration
serviceability limit state of the structure, the performance-based design method is denominated the
motion-based design method [29]. This general design method was adapted herein for the design of
passive damping devices when they are used to control the dynamic response of civil engineering
structures. As assumption, all the variables, involved in this problem, are deterministic.

Thus, the motion-based design method under deterministic conditions transforms the design
problem into a constrained multi-objective optimization problem. Therefore, the main objective of this
problem is to find the optimum value of the characteristic parameters of the passive damping devices
which guarantee an adequate serviceability structural behavior. For this purpose, a multi- objective
function is minimized. The multi-objective function, f(θ), is defined in terms of the characteristic
parameters, θ, of the considered passive damping devices. Additionally, the space domain is
constrained including two restrictions in the optimization problem: (i) an inequality constraint, gdet(θ);
and (ii) a search domain. [θmin, θmax]. As the relation between the objective function and the design
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variables is nonlinear, global optimization algorithms are normally considered to solve this constrained
multi-objective optimization problem. [38]. Accordingly, the motion-based design problem under
deterministic conditions can be formulated as follows:

Find θ to Minimize f(θ)

Subjected to
{

gdet(θ) ≤ 0
θmin < θ < θmax

(1)

where θ is the vector of the design variables; f(θ) is the multi-objective function to be minimized; θmin

and θmax are the lower and upper bounds of the search domain; and gdet(θ) is a function which defines
the inequality constraint.

Therefore, the key aspect of this optimization problem is the definition of the inequality constraint.
In the case of slender civil engineering structures, whose design is conditioned by their dynamic
response [29], the compliance of the vibration serviceability limit state can be considered for this
purpose. According to the most advanced design guidelines [6,34], the vibration serviceability limit
state of a structure is met if the movement of the structure, ds(θ), which can be characterized by its
displacement, velocity or acceleration, is lower than an allowable value, dlim, defined in terms of the
considered comfort requirements. Thus, the inequality constraint of the abovementioned optimization
problem may be expressed as follows:

gdet(θ) =
ds(θ)

dlim
− 1 ≤ 0 (2)

Finally, as the result of this multi-objective optimization process, a set of possible solutions is
obtained. This set of possible solutions is denominated the Pareto front. Accordingly, a subsequent
decision-making problem must be solved, the selection of the best solution among the different
elements of this Pareto front. Two possible alternatives are normally considered for this purpose [23]:
(i) the selection of the best-balanced solution among all the elements of the Pareto front; and (ii) the
consideration of additional requirements to solve this decision-making problem. The selection between
both alternatives depends on the designer’s own criterion and the particular conditions of the problem.

2.2. Motion-Based Design of Structures under Stochastic Conditions

In order to generalize the implementation of the motion-based design method to scenarios with
stochastic conditions, it is necessary to consider during the design process the uncertainty associated
with the variability of both the external actions and the modal properties of the structure. For
this purpose, two types of methods are normally employed [33]: (i) probabilistic methods; and (ii)
fuzzy logic methods. Between these two methods, a probabilistic approach was considered herein
because engineering practitioners are more used to dealing with probability concepts than with fuzzy
logic problems. Concretely, a structural reliability method [39] was adapted herein to deal with the
aforementioned uncertainty. According to this method, the vibration serviceability limit state can be
expressed as a probabilistic density function, gunc(θ), which is defined in terms of the capacity of the
structure, Cs, and the demand of the external actions, Da(θ) (where both terms are random variables
characterized by their probability density function). Thus, the vibration serviceability limit state can be
defined as follows:

gunc(θ) =

⎧⎪⎪⎨⎪⎪⎩ Cs −Da(θ)
Cs

Da(θ)

if gunc(θ) is assumed normally distributed

if gunc(θ) is assumed log− normally distributed
(3)

198



Appl. Sci. 2020, 10, 1740

The above relation (Equation (3)) allows the computation of the probability of failure of the
structural system, p f (θ), to the vibration serviceability limit state. This probability of failure, p f (θ),
may be determined as follows:

p f (θ) =

{
Prob[gunc(θ) < 0] if gunc(θ) is assumed normally distributed

Prob[gunc(θ) < 1] f gunc(θ)is assumed log− normally distributed
(4)

On the other hand, as it is shown in Figure 1, it is possible to characterize the probability of failure,
p f (θ), via an equivalent index, the so-called reliability index, βs(θ).

(a) (b) 

Figure 1. Probability density function of the vibration serviceability limit state, gunc(θ): (a) gunc(θ)

follows a normal distribution; and (b) gunc(θ) follows a log-normal distribution.

The relation between the probability of failure, p f (θ), and the reliability index, βs(θ), may be
expressed as follows:

p f (θ) =

⎧⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎩
Fgunc(0) = Φ

(
−μgunc (θ)

σgunc (θ)

)
= Φ(−βs(θ)) normally distributed

Fgunc(1) = Φ

⎛⎜⎜⎜⎜⎜⎝ lnμCs /μDa (θ)√
σ2

lnCs
+σ2

lnDa(θ)

⎞⎟⎟⎟⎟⎟⎠ = Φ(−βs(θ)) log−normally distributed
(5)

where Fgunc is the cumulative probability distribution function of gunc(θ); μgunc(θ) and σgunc(θ) are
respectively the mean and standard deviation of gunc(θ); Φ is the standard normal cumulative
distribution function; μCs and μDa(θ) are respectively the mean of the probabilistic distribution
function of Cs and Da(θ); and σlnCs and σlnDa(θ) are respectively the standard deviation of the log-
normal distribution of Cs and Da(θ).

In this manner, the use of the reliability index, βs(θ), allows the computation of the vibration
serviceability limit state under uncertainty conditions to be simplified. Hence, this design requirement
is met if the reliability index, βs(θ), is greater than the allowable reliability index, βt, established by
the designer/manufacturer/owner of the structure. In order to evaluate this inequality constraints,
the reliability index, βs(θ), is usually computed via sampling techniques and the recommended
values of the allowable reliability index, βt, can be found in literature [39]. In this study, Monte Carlo
simulations [36] were considered in order to evaluate numerically the reliability index, βs(θ), and the
value proposed by the European guidelines [34] was considered for the allowable reliability index, βt.

Finally, the motion-based design method under uncertainty conditions may be formulated as
follows:

Find θMinimize f(θ)

Subjected to

⎧⎪⎪⎨⎪⎪⎩ gunc(θ) =
βt
βs(θ)

− 1 ≤ 0

θmin < θ < θmax

(6)
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According to this, one of the main virtues of the motion-based design method is highlighted.
The method allows the deterministic and stochastic design problems to be dealt with using a similar
formulation. Only the inequality constraint must be modified to adapt the formulation to the particular
conditions of each problem. This virtue facilitates the implementation of this method for the robust
design of passive damping devices when they are used to control the dynamic response of slender civil
engineering structures.

3. Damper-Cable Interaction Model under Wind Action

The damper-cable interaction model, considered herein to evaluate the dynamic response of a
stay cable damped by different passive control systems under wind action, is described in detail in
this section. First, the interaction model based on the FE method is introduced. Later, the method
employed to simulate the wind action is presented.

3.1. Modelling the Damper-Cable Interaction

The analysis of the dynamic behavior of stay cables has been studied extensively over the last
four decades. Thus, analytical [40], numerical [30], and experimental studies [41] have been performed
for this purpose. Among the different proposals, a numerical method, the FE method was considered
herein to develop a damper-cable interaction model. This method presents three main advantages
when it is implemented for this particular problem [30]: (i) its easy implementation for practical civil
engineering applications; (ii) it allows a direct interaction of element with different constitutive laws
(cable and dampers); and (iii) it simplifies the simulation of some effects such us the nonlinear behavior
of the cable [40], the sag effect [42], and the influence of the external dampers on the modal properties
of the cables (locking effect) [43].

The implementation of the FE method for this particular problem is based on the numerical
integration of the weak formulation of the differential equilibrium equation of a vibrating stay cable
in the lateral direction. Figure 2 shows an inclined cable of length, L [m], suspended between two
supports at different level which presents a sag, dc [m], with respect to the axis aligned with the
two supports. The application of a small displacement causes the motion of a generic point from
the self-weight configuration, P, to, P’,where uc and vc represent the component of the movement of
the cable respectively in the parallel and perpendicular direction to the axis traced between the two
supports. The equation, which governs the vibration of a taut cable in the lateral direction under the
assumptions of linear and flexible behavior, may be expressed as follows:

H
∂2vc

∂x2 −
∂2

∂x2

(
EI
∂2vc

∂x2

)
= m
∂2vc

∂t2 (7)

where vc is the lateral displacement of the cable [m]; H is the axial force of the cable [N]; EI is the
bending stiffness of the cable [Nm2] (where E is the Young’s modulus [N/m2] and I is the moment of
inertia of the cross-section of the cable [m4]); and m is the mass per unit length of the cable [kg/m].
According to the Equation (7), the vibration of the cable is governed by both its tensional state
and its bending stiffness [44,45]. Additional phenomena can be simulated via the selection of the
adequate finite-element. A nonlinear two-node element with six degrees of freedom per node has been
considered herein to simulate the cable behavior. This element allows both the nonlinear geometrical
and stress-stiffness behavior of the cable to be simulated adequately [46].

In order to take into account, the initial tensional and deformational state of a stay cable during
either a modal or a transient analysis, a preliminary static nonlinear analysis must be performed. In this
preliminary static analysis, the equilibrium form of the cable under its self-weight and a preliminary
axial force is achieved. As a result of this analysis, both the stress and the shape of the cable are
updated, which is a key aspect to simulate numerically its real behavior.
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Figure 2. Damper-cable interaction model considered and mechanical model of each passive damper
(viscous, elastomeric, and friction).

Subsequently, the modelling problem must focus on the simulation on the passive damping
devices behavior. Three passive damping devices were considered herein (Figure 2). For these three
passive damping devices, a linear constitutive law was assumed. The effect of these three passive
damping devices on the cable may be simulated by an equivalent damping force. Each equivalent
damping force is related to the energy that each damping device is able to dissipate, and it is opposed to
the movement of the cable. Thus, each passive damping device has been modelled by a finite element
whose behavior is equivalent to the corresponding damping force (Figure 2). This assumption has two
advantages: (i) the relative movements between the damper and the cable, which govern the behavior
of the damper, were obtained straight; and (ii) the effect of the dampers on the modal properties of the
structure was taken into account directly.

First, the effect of a viscous damper is equivalent to a damping force which is proportional to a
damping coefficient, cd,v [sN/m], and the relative velocity,

.
vr(t) [m/s], between the two extremes of the

damper (
.
vr(t) =

.
vd,A(t) − .

vd,B(t), where
.
vd,A(t) is the velocity of the extreme of the damper in contact

with the cable and
.
vd,B(t) is the velocity of the extreme of the damper in contact with the deck, as it is

illustrated in Figure 2. The viscous damping force of this damper, Fd,v(t), may be expressed as [47]:

Fd,v(t) = cd,v
.
vr(t) (8)

Second, the effect of the elastomeric damper may be simulated via the Kelvin–Voigt model. The
equivalent viscoelastic damping force is characterized by two components: (i) a viscous damping
component which is expressed in terms of a damping coefficient, cd,e [sN/m], and the relative velocity,
.
vr(t) [m/s]; and (ii) an elastic component which is expressed in terms of a stiffness coefficient, kd,e [N/m],
and the relative displacement between the two extremes, vr(t) [m] (vr(t) = vd,A(t) − vd,B(t), where
vd,A(t) is the displacement of the extreme of the damper in contact with the cable and vd,B(t) is the
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displacement of the extreme of the damper in contact with the deck, as it is illustrated in Figure 2. The
viscoelastic damping force of this damper may be defined as [48,49]:

Fd,e(t) = cd,e
.
vr(t) + kd,evr(t) (9)

Finally, the effect of the friction damper may be mimicked via the extended Kelvin–Voigt model.
The definition of the equivalent damping force involves three components: (i) a viscous damping
component which is expressed in terms of a damping coefficient, cd, f [sN/m], and the relative velocity,
.
vr(t) [m/s]; (ii) an elastic component which is expressed in terms of a stiffness coefficient, kd, f [N/m],
and the relative displacement, vr(t) [m], and (iii) a friction component defined in terms of a static
friction force, f f [N] (where, f f = μ·N, being μ the friction coefficient [−] and N the normal force [N])

and a symbolic function, sgn
( .
vr(t)

)
(which returns −1, 0, and 1 in case

.
vr(t) < 0,

.
vr(t) = 0 and

.
vr(t) > 0,

respectively). The equivalent damping force of this damper may be expressed as [50]:

Fd, f (t) = cd, f
.
vr(t) + kd, f vr(t) + f f ·sgn

( .
vr(t)

)
(10)

These damping devices are usually located at a certain distance, xc [m], of the lower anchorage
of the stay cable (Figure 2) due to constructive limitations. Nevertheless, due to their mechanical
characteristics, they can have influence on both the damping and the natural frequencies (locking
effect) of the stay cable.

3.2. Modelling the Wind Action

Subsequently, the effect of the wind-induced forces was simulated numerically. The wind
simulation was carried out under the assumption that the cable is a cylinder immersed in a turbulent
flow [2]. Hence, the wind flow is composed of three components: (i) a mean wind velocity,U [m/s]; (ii)
a fluctuating longitudinal velocity, u(t) [m/s]; and (iii) a fluctuating transversal velocity, v(t) [m/s].

The wind forces can be decomposed into a mean and a fluctuating component assuming the
following hypothesis: (i) a quasi-steady behavior of the wind-induced forces; and (ii) small components
of the turbulence with respect to the mean wind velocity, U [51]. The expression of these two
components can be expressed as follows (assuming a linearized approximation [52]):

FD(t) = FD + fDu(t) + fDv(t) (11)

FL(t) = FL + fLu(t) + fLv(t) (12)

where FD(t) is the drag force [N]; FL(t) is the lift force [N]; FD is the mean wind drag force; FL is the
mean wind lift force; fDu(t) is the drag force induced by the longitudinal component of the wind; fLu(t)
is the lift force induced by the longitudinal component of wind; fDv(t) is the drag force induced by the
transversal component of wind; and fLv(t) is the lift force induced by the transversal component of the
wind. These magnitudes can be determined using the following relationships [2]:

FD = 0.5ρU2DCD (13)

fDu(t) = ρUu(t)DCD (14)

fDv(t) = 0.5ρUv(t)D
(
C′D −CL

)
(15)

FL = 0.5ρU2DCL (16)

fLu(t) = ρUu(t)DCL (17)

fLv(t) = 0.5ρUv(t)D
(
CL −C′D

)
(18)
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where ρ is the density of the air [kg/m3]; D is the outer diameter of the cable [m]; CD is the drag
coefficient [−]; and CL the lift coefficient [−]. The coefficients C′D and C′L are the derivative of CD and
CL, respectively, with respect to the angle α neighboring β (Figure 3). As the section of the cable is
assumed to be circular in this study, these derivatives are therefore null because of the symmetry, and
hence these two coefficients can be neglected.

y 

 
 

 
 

 

 

 
x

Figure 3. Reference coordinate system, drag force component, lift force component, and wind
velocity components.

Finally, in order to determine the wind forces it is necessary to generate simulations of wind
velocities. For this purpose, the wave superposition spectral-based method was considered [8]. This
method allows the numerical determination of a series of wind velocities via the superposition of
trigonometric functions. On the one hand, the amplitude of these functions is obtained in terms of a
coherence function, which considers the spatial variability of the wind velocity, and the power spectral
density function of the turbulent wind velocity. On the other hand, the phase of the trigonometric
functions is generated randomly. The coherence function is defined using the relationship proposes by
Davenport [53]. The power spectral density function proposed by the European guidelines [54] was
considered herein.

4. Application Example

The proposed motion-based design method under uncertainty conditions was validated herein
via the design of three passive damping devices when they are used to control the wind-induced
vibrations of the longest cable of a real bridge. For this purpose, the Alamillo bridge (Seville, Spain)
was considered (Figure 4). The length of the deck of this bridge is 200 m. Unlike most cable-stayed
bridges, the Alamillo bridge has not back-stays. An inclination of its pylon of 32◦ with respect to the
vertical axis compensates the lack of the back-stays [55]. A total of 26 stays (13 parallel pairs) with a
longitudinal separation of 12 m guarantees an adequate connection between the deck and the pylon.

Figure 4. Illustrative scheme of the Alamillo bridge.
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Previous research reported that the longest stay cable of this bridge, which has both a low damping
and mass ratio, was prone to vibrate due to the wind action. Concretely, it was detected that the
main sources of vibration of this cable were the rain–wind interaction phenomenon and the turbulent
component of the wind action [56]. Therefore, this stay cable was considered as a benchmark to
validate the performance of the proposed design method. For this purpose, three different passive
damping devices (viscous, elastomeric and friction dampers) were designed according to the proposed
method, and the results obtained were compared with the ones provided by a conventional method
adopted by the Standards [6]. Additionally, the uncertainty associated with the variation of the modal
properties of the cable due to the modifications of the operational and environmental conditions was
taken into account in this design process. The development of this case-study was organized in the
following steps: (i) a FE model of the cable was built and its numerical modal properties were obtained
via a numerical modal analysis; (ii) a transient analysis was performed to evaluate the vibration
serviceability limit state of the structure; (iii) as this limit state was not met, the three passive damping
devices were designed according to both methods (the new proposal and the conventional one); and
(iv) finally, the results obtained were compared and some conclusions were drawn to close the section.

4.1. FE Model and Numerical Modal Analysis

The FE model of the cable was built using the software Ansys [57]. The geometrical and mechanical
properties of the cable under study were as follows: (i) its length, L = 2.92 × 102 m; (ii) its outer
diameter, D = 0.20 m; (iii) the effective area of its cross section, A = 8.38× 10−3 m2; (iv) the effective
moment of inertia, I = 5.58× 10−4 m4; (v) its mass per unit length, m = 60 kg/m; (vi) an axial force,
H = 4.13 × 106 N; (vii) a Young’s modulus, E = 1.6 × 1011 N/m2; and (viii) the angle between the
cable and the deck, γ = 26◦. The cable was modelled by a mesh of 100 equal-length beam elements
(BEAM188). In order to simulate numerically the sag effect, a nonlinear static analysis was previously
performed. The objective of this preliminary analysis was to find both the initial tensional state and
pre-deformed shape of the cable. The self-weight of the cable and its initial axial force were considered
as loads for this preliminary nonlinear static analysis. Subsequently, the results of this analysis were
used to update the geometry and tensional state of the cable. Later, the linear perturbation method
was considered to perform the modal analysis [57]. Additionally, the stress stiffening effect was taken
into account to perform this modal analysis.

As result of this numerical modal analysis, the first six natural frequencies were obtained. Table 1
shows the value of these first six natural frequencies ( fi being the natural frequencies of the ith vibration
mode).

Table 1. Numerical natural frequencies of the cable.

Natural Frequency f1 f2 f3 f4 f5 f6

Value [Hz] 0.452 0.905 1.351 1.802 2.254 2.706

4.2. Assessment of the Vibration Serviceability Limit State of the Cable under Uncertainty Conditions

As it was expected, according to the numerical natural frequencies obtained (Table 1), this cable
was prone to vibrate under wind action due to both the turbulent component of the wind (the first
two natural frequencies are lower than 1 Hz [58]) and the rain–wind interaction phenomenon (the
six natural frequencies are lower than 3 Hz [6]). For this reason, the assessment of the vibration
serviceability limit state of this stay cable was performed herein following the recommendations of the
Federal Highway Administration (FHWA) guidelines [6].

On the one hand, in order to avoid the wind-induced vibrations associated with the rain–wind
interaction phenomenon, it must be checked that the damping ratio of all the vibration modes, whose
natural frequencies are lower than 3 Hz, are greater than a recommended value [6,59]. In order to
determine this recommended value, the FHWA guidelines [6] establishes that the rain–wind interaction
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phenomenon can be neglected if the Scruton number, Sc, is greater than 10 for all the considered
vibration modes. This condition may be expressed as follows:

Sc,i =
mξi

ρD2 > 10 (19)

where ξi is the damping ratio of the ith vibration mode.
Thus, this requirement is equivalent to guaranteeing a minimum damping ratio for each considered

vibration mode. The minimum required damping ratio may be determined as follows:

ξi >
10ρD2

m
(20)

As expected, due to the results of previous experimental tests, the damping ratio associated with
the first six vibration modes of this cable did not meet this condition [56]. Hence, it was necessary to
increase the value of these damping ratios. A passive damping device can be designed and installed
on the cable for this purpose.

On the other hand, in order to analyze the effect of the turbulent component of wind action on the
dynamic behavior of the cable, a transient analysis was performed. As a result of this transient analysis,
the dynamic response of the cable under wind action can be obtained and the vibration serviceability
limit state of the cable can be assessed. According to the FHWA guidelines [6], this limit state is met if
the maximum displacement of the cable is lower than an allowable displacement which is defined
in terms of the user tolerance. Table 2 shows the allowable displacement of the cable in terms of the
design level required [6]. In this study, a recommended design level was established for the vibration
serviceability limit state.

Table 2. User tolerance limits for the different design levels [6].

Design Level Allowable Displacement [m] 1

preferred 0.5D
recommended 1.0D
not to exceed 2.0D

1 D is the outer diameter of the cable.

Additionally, as the dynamic response of the stay cable was sensitive to the variation of its modal
properties associated with the change of the operational and environmental conditions during its
overall life cycle, a reliability analysis about the compliance of the vibration serviceability limit state
was performed. For this purpose, it was assumed that the axial force of the cable is a random variable
normally distributed. According to the results provided by Stromquist-LeVoir et al., it could be also
assumed that this random variable has a range of variation of ± 10% [60]. A sample of stay cables with
different values of the axial force was generated. The vibration serviceability limit state was assessed
on this sample. For this purpose, the vibration serviceability limit state must be reformulated in order
to take into account the uncertainty conditions. According to this, this limit state is met if a reliability
index, βs(θ), is greater than an allowable reliability index, βt.

In order to compute the reliability index, βs(θ), the maximum displacement of the stay cable
(obtained from the different transient analyses performed on the sample of stay cables), which
constitutes the demand of the wind action, Da(θ), and the allowable displacement of the stay cable
(established by the FHWA guidelines [6]), which constitutes the capacity of the structure, Cs, were
determined. Additionally, as the wind action is defined according to a return period of 50 years,
the corresponding value of the allowable reliability index is βt = 1.35, according to the European
guidelines [34].

As a numerical method in order to both determine the sample and compute the reliability index,
βs(θ), the Monte Carlo method was considered herein. A convergence analysis was performed to
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determine the size of the sample [61]. As a result of this convergence analysis, the size of the sample
was established at 100.

Finally, in order to evaluate the demand of the wind action, Da(θ), the wind forces must be
determined. For this purpose, simulations of the wind velocities were generated. The simulation of
these wind velocities was addressed employing the wave superposition spectral-based method [8]. Both
the von Karma spectra and a coherence function, as they are defined by the European guidelines [54],
were employed herein. The following design parameters were considered for the wind simulation [54]:
(i) basic wind velocity, vb,0 = 26 m/s; (ii) a directional factor, cdir = 1; (iii) a season factor, csea = 1; (iv)
a orography factor, coro = 1; (v) an terrain type III category (which involves a terrain factor, kr = 0.216;
a roughness length, zo = 0.3 m; and a minimum height, zmin = 5 m); (vi) a duration of each simulation
of 300 s; and (vii) a time step of 5× 10−3 s [62]. In this study, the wind velocities were generated at ten
different heights of the cable (resulting from dividing the cable into ten equal-length segments), as
Figure 5 depicts. This mesh density was considered for all the simulations conducted in the paper, in
order to ensure that all the obtained results were consistent. Although preliminary analyses performed
by the authors concluded that the meshing in Figure 5 was adequate for our aims (illustrating the
performance of the proposed motion-based approach), the reader should be aware of the fact that
the numerical simulation of the structural response under wind excitation depends on such mesh
density, so that further analyses are recommended. A graphical user interface [63] was developed in
the commercial software Matlab [64] to evaluate the wind action following the above guidelines.

 

Figure 5. Representation of the ten different heights where the wind action is applied.

The application of Equations (11) and (12) allows the wind-induced forces in terms of the wind
velocities to be computed. For this purpose, the following values for the characteristic parameters
were adopted: (i) a density of the air, ρ = 1.23 kg/m3; (ii) a drag coefficient, CD = 1.2 [2]; and (iii) a lift
coefficient, CL = 0.3 [6].

Finally, a transient analysis (time history simulation) was performed for each element of the
sample. The nonlinear geometrical behavior of the stay cables was considered for this analysis. A
Newmark-beta method (an unconditionally stable method with parameters βm = 1/4 and γm = 1/2)
was considered to solve the transient analysis. Hence, the reliability index, βs(θ), was computed from
the results of this set of transient analysis. Subsequently, the vibration serviceability limit state of the
stay cable under uncertainty conditions was assessed. Thus, the reliability index, βs(θ), was lower
than the allowable reliability index, βt, so this limit state was not met.

In order to improve the dynamic behavior of this stay cables, different passive damping devices
were installed at this stay cable. These passive damping devices were designed according to the
proposed method. This design problem is described in next section.
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4.3. Motion-Based Design of Passive Damping Devices under Uncertainty Conditions

Three different passive damping devices were considered for this study: (i) viscous damper; (ii)
elastomeric damper; and (iii) friction damper. The FE method was employed to simulate the behavior
of these damping devices. The software Ansys [57] was employed for this purpose. Figure 2 depicts
the mechanical models, which simulate the behavior of each damper. For each passive damper, the
following model was considered: (i) the viscous damper was modelled by a 1D element (COMBIN14)
whose characteristic parameter was the damping coefficient, cd,v [sN/m]; the elastomeric damper was
also modelled by a 1D element (COMBIN14) whose characteristic parameters were the damping
coefficient, cd,e [sN/m], and the stiffness coefficient, kd,e. [N/m]; and (iii) the frictioin damper was
modelled by a 1D element (COMBIN40) whose characteristic parameters were the damping coefficient,
cd, f [sN/m], the stiffness coefficient, kd, f [N/m], and the friction force, f f [N].

Consequently, the different dampers were implemented in the numerical model and designed
according to the motion-based design method under uncertainty conditions. The three dampers were
installed at a length of xc = 0.03L according to the recommendations of Ref. [2]. The damper-cable
interaction model is shown in Figure 2.

A search domain, [θmin, θmax], for the characteristic parameters of the dampers was included
in the optimization problem to ensure the physical meaning of the solutions obtained. The search
domain was defined as follows: (i) the lower bound of the search domain, θmin, was defined as
θmin =

[
cmin, kmin, f fmin

]
(where cmin is the minimum value of the damping coefficient; kmin is the

minimum value of the stiffness coefficient, and f fmin is the minimum value of the friction force); and (ii)

the upper bound of the search domain, θmax, was defined as θmax =
[
cmax, kmax, f fmax

]
(where cmax is

the maximum value of the damping coefficient; kmax is the maximum value of the stiffness coefficient,
and f fmax is the maximum value of the friction force).

The lower, cmin, and upper, cmax, bounds of the damping coefficient were determined considering
both the requirement of the Scruton number [6] and the optimum damping coefficient of the Pacheco’s
universal curve [25]. According to this, the following bounds were established: (i) cmin = 4.8 ×
104 sN/m; and (ii) cmax = 1.64 × 105 sN/m. This search range guarantees that any solution of this
design problem avoids the occurrence of the rain–wind interaction phenomenon.

The search domain of the stiffness coefficient and the friction force were based on the results
of previous research [2]. According to these results, the following bounds were established: (i) for
the stiffness coefficient, kmin = 5 × 104 N/m and kmax = 5 × 105 N/m; and (ii) for the friction force,
ffmin = 1× 104 N and ffmax = 4× 104 N.

In order to avoid falling into a local minimum, a global computational algorithm was considered
for this optimization problem. Among the different computational algorithms, genetic algorithms were
considered herein [65] for its simplicity and great efficiency to solve structural optimization problems.

Genetic algorithms are nature-inspired computational algorithms based on Darwin’s natural
selection theory. According to this, each possible value of the characteristic parameters of the damper
is identified as a chromosome. Subsequently, each set of characteristic parameters is grouped into an
individual (parameter vector). Later, the value of this parameter vector is improved via an iterative
process where the value of the objective function is optimized. The optimization process can be
summarized in the following steps: (i) an initial random population of parameter vectors is generated;
(ii) the objective function is evaluated for all the individuals; (iii) a new population is created using
three mechanisms (selection, crossover, and mutation); (iv) the objective function is evaluated for the
individuals of the new population; (v) the steps (iii) and (iv) are repeated until some convergence
criterion is met. The following parameters were considered for the considered genetic algorithms: (i)
an initial population of 5 individuals; (ii) a crossover fraction of 0.4; (iii) a mutation fraction of 0.9; and
(iv) a total number of iterations equal to 6.

As result of the optimization process, a Pareto front was obtained. Subsequently, a decision-
making problem should be solved, the selection of the best solution among the different elements of
the Pareto front. In order to address this problem, an additional condition was included. Among the
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different elements of the Pareto front, the element of the Pareto front with a lower value of the damping
coefficient was selected as best solution. The commercial software Ansys [57] and Matlab [64] were
used to solve this design problem. The results of the optimization problem are summarized in the
next sub-sections.

4.3.1. Viscous Damper

First, the motion-based design of the viscous damper under uncertainty conditions was performed.
The design problem of this viscous damper may be formulated as follows:

find θ = cd,v to minimize f (θ) = cd,v

subject to
{

cmin < cd,v < cmax

βs(θ) ≥ βt = 1.35.
(21)

As result of the optimization process, the damping coefficient, cd,v, was obtained. The optimum
value obtained was cd,v = 1.06× 105 sN/m. The reliability index for this solution was, βs(θ) = 1.37,
which met the design requirements. Figure 6 shows the maximum displacement at the mid-span of the
cable damped by the viscous damper for the different elements of the sample.

Figure 6. Maximum displacement at the mid-span of the stay cable damped by the viscous damper for
the different elements of the sample.

4.3.2. Elastomeric Damper

Subsequently, the motion-based design of the elastomeric damper under uncertainty conditions
may be addressed. The design problem of this elastomeric damper may be defined as follows:

find θ =
[
cd,e, kd,e

]
to minimize f(θ) = [ f1, f2] =

[
cd,e, kd,e

]
subject to

⎧⎪⎪⎪⎨⎪⎪⎪⎩
cmin < cd,e < cmax

kmin < kd,e < kmax

βs(θ) ≥ βt = 1.35 .

(22)

As result of the design process, the parameters of the elastomeric damper (cd,e and kd,e) were
obtained. The best solution among all the elements of the Pareto front was cd,e = 1.22× 105 sN/m and
kd,e = 1.30× 105 N/m. The reliability index associated with this solution is, βs(θ) = 1.49, which met
the design requirements. Figure 7 shows the maximum displacement at the mid-span of the cable
damped by the elastomeric damper for the different elements of the sample.
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Figure 7. Maximum displacement at the mid-span of the stay cable with the elastomeric damper for
the different elements of the sample.

4.3.3. Friction Damper

Finally, the motion-based design of the friction damper under uncertainty conditions was
performed. The design problem of this friction damper may be formulated as follows:

find θ =
[
cd,e, kd,e, f f

]
to minimize f(θ) = [ f1, f2, f3] =

[
cd,e, kd,e, f f

]
subject to

⎧⎪⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎪⎩
cmin < cd, f < cmax

kmin < kd, f < kmax

f fmin < k f < f fmax

βs(θ) ≥ βt = 1.35 .

(23)

After the design process, the optimum value of the damping coefficient, stiffness coefficient,
and friction force which characterize the friction damper were obtained. The optimum solution was
cd, f = 1.24× 105 sN/m, kd, f = 6.74× 104 N/m and f f = 2.95× 104 N. The reliability index associated
with this solution was βs(θ) = 1.55, which met the design requirements. Figure 8 shows the maximum
displacement at the mid-span of the cable damped by the friction damper for the different elements of
the sample.

Figure 8. Maximum displacement at the mid-span of the stay cable damped by the friction damper for
the different elements of the sample.

4.4. Discussion of Results

Finally, the performance of the proposed method was validated comparing the abovementioned
results with the ones provided by a conventional one, the optimum damping coefficient of the Pacheco’s
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universal curve [25]. This optimum value for a viscous damper can be determined using the following
relationship:

copt = 0.10
mLω1

xc
L

, (24)

where ω1 = 2π f1 is the fundamental angular natural frequency of the stay cable [rad/s] and xc is the
distance between the anchorage of the cable and the point where the damper is implemented (Figure 2).
As in the remaining cases, the viscous damper is located at the point, xc = 0.03L, with respect to the
lower anchorage. The optimum damping coefficient, according to this conventional method for the
viscous damper was copt = 1.64× 103 sN/m.

Thus, two main conclusions may be obtained via the comparison of the abovementioned results:
(i) the motion-based design method under uncertainty conditions allows reduction of the characteristic
parameter of the viscous damper by about 35% with respect to the conventional method; and (ii) for
this case-study, the viscous damper appears to be the best choice to control the dynamic response of
the longest cable of the Alamillo bridge, as a minimum value of the damping coefficient was obtained
for this passive damper. The proposed method allows a better adjustment to the design requirements
of the problem, reducing, as consequence, the size and the cost of the passive damping devices. Hence,
the performance of the motion-based design method, for this particular problem, has been validated.

5. Conclusions

Stay cables are prone to vibrate under wind-induced vibrations, so that passive damping devices
are usually employed to control their response. Nevertheless, the performance of these damping
devices is directly affected by the sensitivity of the stay cables to both the variability of the external
actions and the modification of the constitutive modal properties of the cables induced by the changes of
the operational and environmental conditions. Accordingly, it is necessary to establish design methods
which overcome these limitations and can be easily implemented for practical engineering applications.

For this purpose, a motion-based design method under uncertainty conditions was proposed
and implemented herein. In this approach, the design problem is transformed into a constrained
multi-objective optimization problem. Thus, the different components of the multi-objective function
are defined in terms of the characteristic parameters of the considered passive damping device; and
an inequality constraint is additionally included to guarantee an acceptable probability of failure of
the structural system. As design criterion to evaluate the probability of failure, the compliance of the
vibration serviceability limit state (according to the FHWA guidelines) was considered. Therefore,
the computation of the probability of failure was performed via a reliability index. In this manner,
the compliance of the vibration serviceability limit state is met if the reliability index is greater than
an allowable value (according to the European guidelines). A sampling technique, the Monte Carlo
method, was considered to determine numerically this index.

The performance of the method was validated numerically via its implementation for the design
of three different passive damping devices (viscous, elastomeric, and friction dampers) when they are
used to control the wind-induced vibrations of the longest stay cable of the Alamillo bridge (Seville).
To this end, the effects of the rain-wind interaction phenomenon and the turbulent component of
the wind action were considered as excitation sources. Additionally, and for comparison purposes,
the passive damping devices were also designed according to a conventional method. As result
of this study, a clear reduction of the values of the characteristic parameters of the dampers was
obtained when the motion-based design method was applied, when compared to the results of the
conventional method. Thus, the proposed method allows improvement of the design of passive
damping devices for stay cables under wind-induced vibrations considering uncertainty conditions.
This improvement is reflected in a reduction of both the size and the budget of the devices, which
facilitates its installation. Nevertheless, despite the good performance of the proposed approach,
further studies are recommended to validate experimentally the long-term behavior of passive damping
devices designed according to this proposal.
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Abstract: This study explores the effectiveness of shared tuned mass damper (STMD) in
reducing seismic pounding of adjacent buildings. The dynamics of STMDs is explored through
numerical simulations of buildings idealized as single and multiple degree of freedom oscillators.
An optimization method proposed in the literature is revisited. It is shown that the optimization
results in two different solutions. The first one corresponds to the device being tuned to one of the
buildings it is attached to. The second solution corresponds to a very stiff system where the TMD
mass hardly moves. This solution, which has been described as an STMD in the literature, is shown
to be impractical due to its high stiffness and use of a heavy stationary mass that plays no role in
response mitigation but adds unnecessary load to the structure. Furthermore, it is shown that the
second solution is equivalent to a viscous coupling of the two buildings. As for the properly tuned
solution, i.e., the first solution, sharing the device with an adjacent building was found to provide
no added benefits compared to when it is placed on one of the buildings. Based on results from a
large set of real earthquake ground motions, it is shown that sharing a TMD mass with an adjacent
building, in contrary to what is reported in the literature, is not an effective strategy.

Keywords: adjacent buildings; seismic pounding; tuned mass damper

1. Introduction

Seismic pounding refers to the collision of adjacent structures during earthquakes. When closely
spaced structures vibrate out of phase, they might pound against each other. Pounding can cause
local damage at the contact region. In addition, the impact generates short-duration acceleration
pulse that can adversely affect the pounding buildings and their contents (see, for example, Abdel
Raheem [1], and references therein). Such effects have been documented during past earthquakes.
Miari et al. [2] and Abdel Raheem et al. [3] provide very good reviews of seismic pounding and
refer to many studies describing pounding observed during past earthquakes. Various methods of
modeling pounding and computation of structural response have been discussed in the literature (see,
for example, Dimitrakopoulos, [4]).

Pounding can be avoided if adjacent buildings are adequately separated, but there is large
uncertainty in just how much separation is adequate. Architectural and financial factors often dictate
separation distance between buildings in metropolitan areas where land is expensive and scarce.
Mitigation of seismic pounding is, therefore, an important structural engineering problem. One
approach is to reduce the consequences of pounding, while the other is to reduce probabilities of
pounding. Collision shear walls have been found to be effective in reducing the consequences of
pounding (Anagnostopoulos and Karamaneas, [5]). Elastic gap devices (see, for example, Dicleli, [6]),
have been shown to be effective in mitigating damage caused by pounding.
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Several solutions for reducing probabilities of pounding between adjacent structures have been
proposed in the literature. These solutions range from connecting adjacent buildings with springs
and viscous/viscoelastic dashpots (Jankowski and Mahmoud, [7]; Richardson et al., [8,9]; Patel and
Jangid, [10,11]; and Tubaldi, [12]). Friction dampers and viscous fluid dampers have also been proposed
for mitigation of pounding risk (see, for example, Pratesi et al., [13] and Sorace and Terenzi, [14]).

Active, semi-active, and fuzzy control using magneto-rheological dampers have also been shown
to be effective for seismic pounding mitigation (see, for example, Abdeddaim et al., [15]; Uz and
Hadi, [16]). Pounding risk may be reduced by controlling the vibrations of adjacent structures. Tuned
mass dampers (TMDs) for vibration control have been extensively studied in the literature (see, for
example, Cao and Li, [17] or the review by Elias and Matsagar, [18]).

The risk of pounding in base-isolated buildings is higher due to large displacements concentrated
at the isolation level (Agagnostopoulos and Spiliopoulos, [19]). Controlling displacement demands on
base-isolated structures has been investigated using different strategies in the literature. These strategies
include the use of tuned liquid column dampers [20], and tuned mass dampers located at different
locations of the host buildings [20–23]. Coupling of base isolation system with tuned mass
damper inerter systems is reported in De Domenico and Ricciardi [24], Hashimoto et al. [25] and
De Domenico et al. [26]. Other strategies for displacement control of base-isolated buildings include
the use of gap dampers [27].

While several studies on active and semi-active dampers for pounding mitigation are available in
the literature, very few have tested passive TMDs for this purpose. The only work we are aware of
in this regard is that of Abdullah et al. [28]. The idea was extended to semi-active TMD by Kim [29].
Abdullah et al. [28] presented the concept of a shared TMD to reduce vibrations and seismic pounding
between adjacent buildings. Their optimal solution is to connect the TMD mass with a spring to one of
the buildings and with a dashpot to the other building. If effective, this device could be advantageous
due to its simplicity and low cost compared to active control schemes. One of the main appeals
of this scheme is that the mass of the shared TMD is only half the mass of two TMDs installed on
individual buildings.

Abdullah et al. [28] reported that the device is very effective in controlling vibrations and
pounding between adjacent buildings. Upon closer inspection, we find that the solution presented
by Abdullah et al. [28] is neither a tuned mass damper, nor optimal in mitigating pounding, and
needs revisiting. The main objective of this paper is to investigate the dynamics of adjacent buildings
connected by a tuned mass damper. We use single degree of freedom (SDOF) and multiple degree of
freedom (MDOF) representations of buildings and several earthquake ground motions for numerical
simulations to investigate the parameters of TMDs for optimal control of structural displacements
and pounding.

2. Conceptual and Mathematical Model of Shared TMDs (STMD)

For conceptual convenience, let us consider two single degree of freedom (SDOF) systems
connected by a shared TMD as shown in Figure 1. The SDOFs are simplified representations of
buildings A and B, and their masses, stiffnesses, and damping coefficients are denoted as mA, mB; kA,
kB; and cA, cB, respectively. The mass, stiffness and damping coefficient of the tuned mass damper are
denoted by m, k, and c, respectively. An alternate scheme is to connect the TMD mass to building A
with a dashpot and to building B with a spring.
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Figure 1. Schematic representation of a tuned mass damper (TMD) shared by two buildings modeled
as single degree of freedom (SDOF) systems.

The system mass, stiffness, and damping matrices are given below.

K =

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎣
kA + k 0 −k

0 kB 0
−k 0 k

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎦ (1)

M =

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎣
mA 0 0
0 mB 0
0 0 m

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎦ (2)

C =

⎡⎢⎢⎢⎢⎢⎢⎢⎢⎣
cA 0 0
0 cB + c −c
0 −c c

⎤⎥⎥⎥⎥⎥⎥⎥⎥⎦ (3)

and the state matrix is defined as

S =

[
0 I

−M−1K −M−1C

]
(4)

where I is an identity matrix. The performance (or cost) function, as defined by Abdullah et al. (2001)
is the trace of a matrix L, which satisfies the following Lyapunov equation.

LS + STL + Q = 0, (5)

where Q is a weighting matrix that assigns different importance to the displacements (and/or velocities)
at the different degrees of freedom of the system. The design problem is then to estimate k and c that
minimize the trace of L, denoted hereafter by J. The weighting matrix is taken as Q11 = 1 and all other
elements as 0.

3. Numerical Study

We present several numerical studies, starting with SDOF systems subjected to some example
ground motions. MDOF systems and a large set of ground motions are considered next. The section
starts with an example of an optimization problem to gain insight into the properties of STMDs.

3.1. An Optimization Example

An example of the optimization problem is presented here. The properties of buildings A and
B are fixed for numerical simulations. Their frequencies are taken as 6.04 and 7.58 rad/s, and the
damping ratio is 5% for both. The frequencies are the same as those of the two buildings studied by
Abdullah et al. [28]. The mass of the two buildings are equal, and the mass of the TMD is expressed as

a fraction of the mass of building A, i.e., m = ρAmA. The frequency of the TMD is denoted by ω =
√

k
m ,
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and the frequency ratio is defined as f = ω
ωA

. The damping ratio of the TMD, expressed in terms of
the mass and frequency of the TMD, is denoted by ζ. The variables of interest are therefore f and ζ.

Figure 2 shows the variation of the cost function with the frequency ratio and damping ratio of the
TMD. The cost function has two minima, which correspond to two solutions. There is a local minimum
near a frequency ratio of 1. This minimum is more prominent for lower damping ratios. The global
minima occur at much larger frequency ratios, ranging from about 10 to about 90 for damping ratios
from 0.4 to 0.05. It is interesting to note that the amplitudes of the global minima are not very sensitive
to damping ratios of the TMD.

Figure 2. Variation of the cost function with frequency ratio and damping ratio of the TMD. Themass
of the TMD is taken as 3% of the mass of building A in this example.

It is then interesting to investigate whether the solution that minimizes J corresponds to minimum
displacements of the two buildings and minimizes the separation distance required to prevent pounding.
This distance is the largest negative relative displacement between the two buildings and is hereafter
referred to as the pounding distance. To investigate this, we use the north-south component of the El
Centro ground motion from the 1940 Imperial Valley Earthquake and simulate the response of the two
buildings and STMD with varying frequency and damping ratios.

The results are shown in Figure 3. The maximum displacement of the two buildings are shown on
the top panel. The maximum stroke of the TMD is shown in the bottom left panel. Here, stroke is
defined as the relative displacement of the TMD mass from building A. Pounding distance is shown
in the bottom right panel. For comparison, the response of uncontrolled buildings is shown with
black dashed lines. Another scenario considered is where an optimally tuned (based on Sadek, [30])
TMD is placed on building A whereas building B is uncontrolled. In this case, the frequency tuning
ratio is 0.96 and the damping ratio is 0.22. The results corresponding to this are shown with dashed
blue lines. The results show that the local minima, similar to those observed in Figure 2, occurs in
the displacement response of building A when the TMD is tuned to the frequency of the building.
However, the combination of f and ζ that minimizes J does not necessarily minimize the displacement
of building A. For example, for f approximately equal to 1, a damping ratio of 10% is required to
minimize J, whereas 5% damping ratio minimizes the peak displacement of building A. This can be
explained by the larger stroke of the device when the damping ratio is low, as is clearly seen in the
bottom right panel of Figure 3. The optimal solution near f ≈ 1 is not effective in controlling the peak
response of building B.
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Figure 3. Peak displacement of building A, displacement of building B, stroke of the TMD, and
minimum separation.

It is also interesting to note that the locally optimal solution ( f ≈ 1) of the shared TMD is more
effective in controlling peak response of building A, and with a much smaller damping ratio than when
the TMD is placed only on building A. This indicates that sharing a TMD with an adjacent building
can increase its effectiveness without adversely affecting the response of the adjacent building. This,
however, comes at a cost of increased stroke of the device, which is due to low damping values of the
locally optimal STMD, as is evident from the bottom left panel of Figure 3. The stroke of the locally
optimal STMD is much larger than the stroke of the TMD placed on building A.

As the frequency ratio is increased, the displacement response of both the buildings show a
decreasing trend followed by an increasing trend. This trend is also visible in the cost function shown
in Figure 2. If we consider the minima (based on the cost function) at a higher frequency ratio as
the global minima, the optimal frequency ratio decreases with increasing damping, and the optimal
solutions are more effective than TMD placed on building A alone. However, these optimal solutions
correspond to very stiff springs in the TMD. For a damping ratio as large as 40%, the optimal frequency
ratio is about 10. With a mass ratio of 3%, the stiffness of the TMD is about 3 times the stiffness of
building A. From a practical point of view, it might not feasible to construct a TMD which is so much
stiffer than the building it rests on. Such a solution, although not realistic, will be hereafter referred to
as a globally optimal solution referring to the cost function.

At the locally optimal solution, the shared TMD reduces the minimum separation distance to
some extent. As the frequency ratio and damping ratio are increased, the pounding distance decreases
further. With a very stiff TMD and sufficiently high damping ratio, it appears the pounding distance
can be reduced to a large extent. While this seems like a plausible mitigation strategy against pounding,
it is deficient in both conceptual and practical terms. In practical terms, having a TMD 3 times stiffer
than the building itself is not attractive. The conceptual deficiency is that such a stiff device cannot be
considered as a TMD. This can be better understood by inspecting the results shown in the bottom
left panel of Figure 3. Irrespective of the damping ratio, as the frequency ratio increases above 1, the
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stroke of the TMD reduces rapidly, and for a frequency ratio of 10, the device does not move relative to
building A. Therefore, the device is not acting like a TMD and any reduction in response is due to
the coupling of the two buildings with a viscous damping device. It is also interesting to note that
unlike the cost function which increases after the global minima, the pounding distance decreases with
increasing frequency ratio.

3.2. Equivalence of STMD and Viscous Coupling of the Two Buildings

Based on the discussion above, it is apparent that a very stiff TMD is equivalent, in terms of
structural response reduction, to a viscous dashpot coupling the two buildings. To illustrate this
point better, we modify the system shown in Figure 1 by lumping the TMD mass on building A, and
connecting the two buildings by the same viscous dashpot as that used in the STMD. The resulting
system has only two degrees of freedom with masses (ma + m) and mb connected by a dashpot c.
The mass (ma +m) is connected to the ground by spring and dashpot ka and ca, while mb is connected to
the ground by spring and dashpot kb and cb. The peak response of this modified system is divided by
the peak response of the system with STMD. The ratio of peak displacement of building A is presented,
for the El Centro ground motion, as a function of frequency ratio and damping ratio in Figure 4. When
the shared TMD is near resonance with building A, it is more effective than viscous coupling alone.
However, as the frequency ratio is increased, the two systems approach each other, and for a frequency
ratio greater than about 20, there is no difference between the two systems. This helps us conclude that
STMD optimized on the global minima of the cost function is not a tuned mass damper, as the mass is
neither tuned to the structure, nor does it play any part in reducing structural response. In this sense, it
is illogical to use additional TMD mass and a very stiff spring element, when the same effect can be
obtained by just connecting the two buildings with a viscous dashpot.

Figure 4. The ratio of maximum displacement of building A when the two buildings are connected by
a viscous dashpot and an STMD.
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3.3. Examination with MDOF Systems

Here we examine the results and conclusions obtained for two SDOF buildings with MDOF
models of two buildings. The selected buildings are the same as those used by Abdullah et al. [28].
Building A has a mass of 3.1752 × 105 kg, and stiffness of 3.404 × 108 N/m on each floor. Building B
has a mass of 3.6287 × 105 kg and stiffness of 6.127 × 108 on each floor. Both buildings have 8 floors
with a damping coefficient of 100 Ns/m on each floor. Fundamental frequencies of buildings A and B
are 6.04, and 7.58 rad/s, respectively. The mass of the TMD is 54,430 kg. Abdullah et al. [28] present
two cases as optimal solutions. Case 1 corresponds to attaching the TMD mass to building A by a
dashpot and building B by a spring. Case 2 corresponds to a spring connection with building A and
dashpot connection to building B. Case 2 was found to be more effective and is considered here for
further analysis. Abdullah et al. [28] arrived at this solution by specifying weights equal to 1 for the
displacements in the top four floors of building A and 0 for all other displacements and velocities in
defining the Q matrix

The cost function for this example is presented in Figure 5. The frequency ratio, for this system,
is defined as the frequency of the STMD divided by the fundamental frequency of building A. Like
the cost function for SDOF buildings shown in Figure 2, the cost function of these MDOF buildings
sharing a TMD displays two minima for each damping ratio. The first minima, which is larger than the
second one, occurs near the resonance of STMD mass with the first mode of building A. The second
minimum occurs at a much larger frequency ratio. The optimal stiffness presented by Abdullah et al.
(2001) is 1.786 × 108 N/m, which is about 50% of the stiffness of each of the floors of building A. Based
on this stiffness, the frequency of STMD is 57.28 rad/s, which corresponds to a frequency ratio of 9.48.
The optimal damping coefficient reported by Abdullah et al. [28] is 1.809E6, which, for this frequency
ratio corresponds to a damping ratio of 0.29 for the STMD. It is then clear that the optimal solution
reported in Abdullah et al. [28] corresponds to the global minima of the cost function (see purple line
in Figure 4).

Figure 5. The cost function for the two eight-storey buildings presented in Abdullah et al. [28] as a
function of frequency and damping ratios.

220



Appl. Sci. 2020, 10, 1918

Variation of the peak displacements of buildings A and B with frequency ratio and damping
ratio is shown in Figure 6. The solution considered optimal by Abdullah et al. [28] is indicated in the
figure with red dots. The response of building A, to which the STMD mass is connected by a spring, is
optimally controlled when the frequency ratio is close to 1, and the damping ratio is low. This solution,
however, is not effective in controlling the response of building B. The optimal solution, based on the
global minima of J, as denoted by red dots, is effective in controlling pounding as well as reducing the
response of both the buildings. However, the solution uses a very stiff spring, and the TMD mass does
not move relative to building A.

 
Figure 6. Peak roof displacements, device stroke, and the minimum separation distance between two
buildings connected by an STMD. The optimal solution presented in Abdullah [28] is shown with red
dots. The results correspond to El Centro ground motion.

This can be confirmed from the low stroke of the device as shown in Figure 6. The STMD mass,
in the solution presented by Abdullah et al. [28] is essentially motionless and does not function as
intended. The solution, therefore, is not a tuned mass damper as its frequency is much larger than the
frequency of the buildings it is attached to. In fact, it can be verified that the same response reduction
can be achieved by coupling the two buildings with a dashpot. If we consider the optimal solution
as the one near resonance of STMD with building A, the STMD is not very effective in controlling
pounding between the buildings.

3.4. Effectiveness of STMDs

Based on the results and arguments presented above, the stiff solution cannot be considered as a
shared TMD. However, we can define a shared TMD in such a way that it is tuned to the frequency
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of building A, for example. This solution would correspond to the frequency ratio in the vicinity of
1. An optimal STMD in this context would correspond to the one that minimizes the cost function
J in the vicinity of resonance with building A. The example presented above shows that this STMD
marginally reduces the pounding distance for the El Centro ground motion. To test if this observation
can be generalized to different ground motions and quantify the effectiveness in reducing pounding
distance, we use several ground motion records for dynamic analysis of the system. The ground
motion records are taken from the European Strong Motion Database [31]. The database contains 462
ground motion records from 110 earthquakes recorded in Europe and the Middle East. The ground
motions are obtained from earthquakes with a moment magnitude of 4.2 to 7.6. The range of epicentral
distance is 1 to 558 km, and that of peak ground acceleration (PGA) is 0.9% to 91% of acceleration
due to gravity. The strong motion duration, defined as the interval covering 5–95% of Arias Intensity
is in the range of 1.2 s to 139 s. Response spectra and duration of these ground motions have been
presented in Rupakhety and Sigbjörnsson [32,33]. More details about this database can be found in
Ambraseys et al. [34].

Optimal parameters of the STMD are estimated by minimizing the cost function using a genetic
algorithm. Population size is taken as 50 and the initial population follows uniform distribution in
the specified bounds. Elite count is set to 5% of the population. Crossover fraction is set to 0.8 and
migration fraction is set to 0.2. The selection criterion is stochastic uniform and mutation are Gaussian.
The ‘ga’ function in Matlab™ with default options was used to implement the algorithm. Different
scenarios are simulated: (i) both the buildings are uncontrolled; (ii) TMD is used in building A only, the
parameters of the TMD are optimized based on Sadek’s (1997) equations; (iii) the STMD is connected
with a spring to building A, and a dashpot to building B. These cases are denoted hereafter as UC
(uncontrolled), AC (building A controlled), and SC (controlled with STMD), respectively. In all cases,
the TMD mass is taken as 1% of the mass of building A.

Peak roof displacement of building A and pounding distance corresponding to the 462 earthquake
ground motions are presented in Figure 7. The response of the uncontrolled and controlled structures
are plotted on the abscissa and ordinate, respectively. The diagonal lines in the figure correspond to
the equal response of uncontrolled and controlled structures. The results show that the TMDs result
in reduction of peak roof displacement of building A in almost all the ground motions. When the
displacement of the uncontrolled structure is small, the response reduction obtained by the TMD is
not very significant. However, as the ground motions get more demanding, the effectiveness of the
TMDs is higher. For the most severe case (that producing the highest response of the uncontrolled
structure), the TMD reduces the response by about 50%. However, it is interesting to note that when
the TMD is shared with building B, its effectiveness in controlling the response of building A remains
almost unchanged for all the ground motions considered in this study. This shows that sharing the
TMD with building B does not reduce its effectiveness. The shared TMD is not effective in controlling
the response of building B. Neither does it provide any advantage in reducing the pounding distance
between the two buildings. The optimal STMD, therefore, does not provide any clear advantage over
the TMD installed on building A alone.

The mean (over 462 ground motions) ratios between the pounding distance of the AC controlled
and SC controlled structures to that of the uncontrolled structure are 0.79 and 0.76, respectively.
Controlling building A alone is, on average, about 3% less effective than using an STMD. The stiffnesses
of AC and SC schemes are 8.96 × 105 N/m and 9.68 × 105 N/m, respectively. Their damping coefficients
are 4.73 × 104 kg/s and 2.27 × 104 kg/s. This shows that the SC scheme results in similar performance
like the AC scheme, but with a much smaller dashpot. This might be, in theory, an advantage of
sharing the device. However, there might be practical difficulties in properly connecting the dashpot
between the two buildings, and suitability of the scheme needs to be judged on a case by case basis.
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Figure 7. Roof displacement of building A (left) and minimum separation distance to avoid pounding
(right) when subjected to 462 earthquake ground motions. The abscissa and ordinate correspond to
uncontrolled and controlled structures, respectively.

To illustrate the effectiveness of AC and SC schemes in reducing the minimum separation distance
between the two buildings, reduction ratio, which is defined as minimum separation distance of the
controlled building divided by that of the uncontrolled building is shown in Figure 8. The smaller this
ratio, the more effective is the control scheme. Effectiveness is investigated against different ground
motion and structural response parameters. Only those ground motions with PGA larger than 0.2 g
are used in the figure. Here, g represents acceleration due to gravity. Ground motions weaker than this
are not considered as they were found to cause a low risk of pounding. Figure 8c shows two different
clusters of data, one below ~25 s, and the other to its right. The cluster to the right has very few data
points, and any apparent trend in this cluster is not reliable. When duration is less than 25 s, the
Pearson correlation coefficient between reduction ratio and duration is −0.44 with a p-value of 0.0011,
which shows that the correlation is statistically significant, and not by random chance. Figure 8b
shows that the effectiveness of the TMDs is independent of PGA. There seems to be a weak negative
correlation between the pounding distance of the uncontrolled structure and the effectiveness of TMD
schemes. The Pearson correlation coefficient was found to be −0.17 with a large p-value of 0.21, which
means that any apparent trend in the data is statistically insignificant. The same observation can be
made in Figure 8d, which shows that the effectiveness of TMD schemes is independent of spectral
displacement at the fundamental period of the uncontrolled structure. In all these cases, there is no
significant difference between the SC and AC schemes, which means that sharing the TMD does not
seem to provide additional benefit in preventing pounding.

We next compare the effectiveness of the SC scheme to that of the AC scheme for different mass
ratios of the TMD. Mass of the TMD is taken as 1%, 2%, and 3% of the total mass of building A.
The optimal solutions for these mass ratios were found with frequency ratios of 1.02, 1.04, and 1.04 and
damping ratios of 7%, 11%, and 13%. The effectiveness of the devices is quantified by the mean ratios
of pounding distance of SC and AC schemes to that of uncontrolled structure, denoted by rSC and rAC
respectively. A value of this ratio less than 1 means the control systems, on average, reduce pounding
distance. These ratios are shown in Figure 9. As the mass ratio increases, the performance of SC is
better than that of AC. However, even for a mass ratio of 3%, which corresponds to 24% of floor mass,
the SC scheme is only about 6% better than the AC scheme. We repeated the analysis with different
frequencies of the two buildings and arrived at similar results.

223



Appl. Sci. 2020, 10, 1918

Figure 8. Effectiveness of tuned mass dampers in reducing the minimum separation distance to prevent
pounding. The variation of effectiveness with different ground motion parameters is presented for
those ground motion whose PGA is larger than 20% of acceleration due to gravity.

Figure 9. Ratio of pounding distance of the two buildings with controlled with STMD (SC) and building
A controlled (AC) schemes to that of uncontrolled buildings.
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4. Conclusions

This study revisits the idea of shared TMD for mitigation of seismic pounding between adjacent
buildings. Dynamics of an optimal solution reported to be effective in Abdullah et al. [28] is investigated
in detail to arrive at the following conclusions.

1. The solution proposed in the literature does not act like a tuned mass damper. The mass of the
device is not tuned to the structure it is connected to; it is very stiff and as a result, the device does
not move. Any reduction in response resulting from such devices is due to the viscous coupling
of the two buildings rather than the tuned vibration of the STMD mass. Our results show that a
similar level of effectiveness can be achieved without the TMD mass, simply by coupling the two
buildings by a viscous dashpot. This eliminates the need for extra costs required to support the
additional mass of the TMD.

2. The cost function for optimization of STMDs displays two minima, one near resonance of the
device with one of the buildings, and the other at a frequency much larger than that of the
buildings. The solution near the resonance is a tuned mass damper, while the other one is
equivalent to the viscous coupling of two buildings.

3. For a large set of 462 ground motions, an optimal TMD placed on one of the buildings alone
was found to be almost as effective as an STMD tuned to the building both in controlling roof
displacement of the building and pounding distance with an adjacent building. The trouble of
sharing the TMD with another building is therefore not worthwhile.
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Abstract: In this paper, we investigate the design of distributed damping systems (DDSs) for the
overall seismic protection of multiple adjacent buildings. The considered DDSs contain interstory
dampers implemented inside the buildings and also interbuilding damping links. The design objectives
include mitigating the buildings seismic response by reducing the interstory-drift and story-acceleration
peak-values and producing small interbuilding approachings to decrease the risk of interbuilding
collisions. Designing high-performance DDS configurations requires determining convenient damper
positions and computing proper values for the damper parameters. That allocation-tuning optimization
problem can pose serious computational difficulties for large-scale multibuilding systems. The design
methodology proposed in this work—(i) is based on an effective matrix formulation of the damped
multibuilding system; (ii) follows an H∞ approach to define an objective function with fast-evaluation
characteristics; (iii) exploits the computational advantages of the current state-of-the-art genetic algorithm
solvers, including the usage of hybrid discrete-continuous optimization and parallel computing;
and (iv) allows setting actuation schemes of particular interest such as full-linked configurations or
nonactuated buildings. To illustrate the main features of the presented methodology, we consider
a system of five adjacent multistory buildings and design three full-linked DDS configurations with
a different number of actuated buildings. The obtained results confirm the flexibility and effectiveness
of the proposed design approach and demonstrate the high-performance characteristics of the devised
DDS configurations.

Keywords: energy-dissipation systems; distributed damping systems; optimal placement; multibuilding
systems; seismic protection; hybrid genetic algorithm; parallel computing; pounding protection

1. Introduction

Over the last few years, an increasing research effort has been invested in the analysis, design and
implementation of distributed damping systems (DDSs) for seismic protection of buildings and civil
structures [1,2]. That kind of passive energy-dissipation systems is formed by a set of damping elements
installed at suitable locations of the structure. DDSs are simple, reliable and robust and, when properly
designed, are able to produce a remarkable reduction of the overall seismic vibrational response [3–5].
Broadly speaking, three main issues related to the damping elements have to be addressed in DDS design—(i)
technical setup determination, (ii) allocation and (iii) tuning. Determination of the technical setup is a preliminary
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step, which is strongly conditioned by the particular problem under consideration and involves selecting
a particular kind of damping devices and, possibly, setting other technical characteristics such as the type of
damper mounting, maximum damping capacity or maximum stroke [6,7]. It can also include some overall
characteristics as the total number of allowed dampers or the overall damping capacity. The allocation
problem requires determining a suitable set of structural positions to implement the dampers, and the tuning
problem consists in computing adequate values for the damper parameters. For a given technical setup,
the allocation and tuning issues are clearly interlinked and both must be simultaneously solved in order
to obtain a DDS design with high-performance characteristics. The combined allocation-tuning problem
can be formulated as a constrained optimization problem, with a set of decision variables that describes the
different allocation schemes and parameter values of the damping devices, an objective function that allows
evaluating the suitability of the corresponding DDSs, and a system of constraints that incorporate relevant
features of the considered technical setup. To solve allocation-tuning optimization problems (ATOPs), a wide
variety of computational strategies have been proposed, which include specialized optimization methods
[8–12] and adaptations of general-purpose optimization algorithms [13–15]. Specialized optimization
methods are specifically designed for particular kinds of ATOPs and, sometimes, can produce remarkably
effective results for the considered problem. However, it should be highlighted that solving ATOPs
for large structural systems can be a hard computational task, due to a number of factors such as high
dimensionality, the combination of discrete and continuous decision variables, the presence of complex
structural constraints, and the computational cost associated to the evaluation of the objective function.
In this context, taking advantage of state-of-the-art general-purpose optimization solvers can be an element
of critical relevance.

The general goal of the paper is to design high-performance DDSs for seismic protection of
multibuilding systems (MBSs) formed by a row of m adjacent buildings as the one schematically displayed
in Figure 1. There certainly exists a large number of works on DDS design for single buildings in
the literature; some recent discussions on the topic can be found in References [5–7,15,16]. For the
particular case of m = 2 adjacent buildings, the number of references is remarkably smaller but yet
significant. Works in this line include different kinds of interbuilding damping devices [17–19] and
actuation schemes [20–22]. In contrast, to our best knowledge, the more general case of DDS design for
MBSs with m ≥ 3 adjacent buildings remains practically unexplored.

To keep the complexity of the considered problem within a reasonable level, in this work we assume
that all the buildings have identical dynamic characteristics [20,21]. That choice allows simplifying
the notations in the overall mathematical model and can help to clarify the effects produced by the
DDS, which otherwise could be confounded by the action of the distinct building responses. Moreover,
as rows of adjacent identical buildings is a quite common arrangement in residential areas, the selected
MBS configuration can be considered as a case of potential practical interest [23]. Also for simplicity,
the buildings are modeled as linear planar frames and the damping devices are assumed to be fluid viscous
dampers (FVDs), which have proved to be effective energy-dissipation elements in structural vibration
control and bring the modeling advantage of admitting a reasonably linear representation [7]. Attending to
the structural placement, the DDS can contain two different kinds of dampers—(i) interstory dampers,
which are implemented between consecutive stories of the same building and produce a resistant force
proportional to the corresponding interstory velocity and (ii) interbuilding dampers, which are implemented
as linking elements between stories located at the same level in adjacent buildings and produce a resistant
force proportional to the relative velocity of the linked stories. The DDS can also include two types of
building damping configurations of particular interest—(i) nonactuated buildings, which do not contain
any interstory damper and (ii) linked buildings, which are linked to all their adjacent buildings by means
of interbuilding dampers. For instance, in the MBS presented in Figure 1, buildings B(2) and B(3) are
nonactuated; buildings B(1), B(2) and B(3) are linked; B(4) is only partially linked and B(5) is unlinked.
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It should be observed that the DDS implementation can be carried out without internal modifications
of nonactuated buildings, which can be an important factor in retrofitting. The relevance of linked
configurations lies in the fact that they can help to mitigate the vibrational response of nonactuated
buildings and can also provide an effective protection against interbuilding impacts (pounding) [22,23].
To incorporate those aspects in the DDS design and reducing the number of optimization variables,
we introduce the schemes of allowed damper positions, which specify the interstory and interbuilding locations
where the dampers can be implemented. Finally, we complete the technical setup determination by setting
the maximum damping capacity of the dampers, the overall maximum damping capacity of the DDS and
the total number of allowed damping elements.
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Figure 1. System of m = 5 adjacent buildings equipped with a distributed set of interstory and
interbuilding dampers.

In order to define the ATOP, the generic goal of improving the overall seismic response of the MBS is
formulated as a triplet of particular design objectives: (i) reducing the magnitude of the buildings interstory
drifts, (ii) reducing the magnitude of the buildings floor accelerations and (iii) reducing the interbuilding
approachings. Objectives (i) and (ii) are applicable to single-building designs, and are respectively
associated to the protection of the buildings structural and nonstructural elements [16,24]. Objective (iii) is
specific to MBS designs and is associated to avoiding interbuilding impacts, which can produce severe
damage to both structural and nonstructural elements. In order to obtain a computationally effective
procedure, we select the overall vector of interstory drifts as controlled output and follow a single-objective
H∞ approach [25,26]. That choice sets the reduction of interstory drifts as the primary objective and,
at the same time, is able to produce positive results in mitigating the story accelerations [22]. As for
design objective (iii), reduction of interbuilding approachings can be attained by enforcing a full-linked
configuration in the optimization constraints [27,28]. Computationally, the selected H∞ objective-function
avoids conducting numerical simulations of seismic time-responses and admits a fast evaluation using the
hinfnorm function of the Matlab Robust Control Toolbox [29,30]. The ATOP solutions are obtained with
the genetic algorithm (GA) solver provided by the Matlab Global Optimization Toolbox, which allows
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using hybrid sets of discrete and continuous optimization variables, permits defining a sufficiently wide
variety of optimization constraints and facilitates an easy implementation of parallel computing [31].
To demonstrate the flexibility of the proposed methodology, three different DDSs are designed for the
seismic protection of a MBS formed by m = 5 adjacent five-story buildings. After that, a proper set of
numerical simulations are conducted using the full-scale 180-component of the El Centro 1940 seismic
record as ground acceleration disturbance. The obtained results corroborate the effectiveness of the
proposed design procedure and confirm its computational efficiency for large-scale problems.

The content of the rest of the paper is as follows—in Section 2, a general mathematical model for
plain and damped MBSs is presented. The main elements of the optimization procedure are discussed
in Section 3. In Section 4, three different DDSs for a five-building system are designed. In Section 5,
the corresponding seismic time-responses are computed and compared. Finally, in Section 6, some brief
conclusions and future research lines are provided.

Remark 1. To reduce the problem complexity and facilitate an effective computational solution, a number of model
simplifications have been introduced in the paper, which should be carefully considered for a proper understanding
of the scope and applicability of the proposed design methodology. Specifically, buildings are considered as linear
multistory planar frames with stories of the same height. In the multibuilding systems, all the buildings are identical,
with the same mass, stiffness and damping matrices, and there are no vertical differences between stories placed at the
same level in different buildings. The damping elements are ideal linear dampers and the damping constants can
take any real value in a prescribed interval. The interbuilding separations are assumed to be large enough to avoid
interbuilding impacts. Additionally, the effect of some relevant elements such as the soil-structure interaction and
the seismic wave propagation have been neglected.

Remark 2. The considered problem requires a complex system of notations. To obtain a more organized and clear
presentation, throughout this paper symbols related to interstory elements will be usually marked with hats and
those corresponding to interbuilding elements will be signaled with tildes. When convenient, overlines will be used
to distinguish some elements related to the overall MBS. Thus, for example, n̂j will denote the number of interstory
dampers in building B(j), the number of interbuilding dampers between buildings B(j) and B(j+1) will be indicated
by ñj, and the overall number of degrees of freedom in the MBS will be represented by n.

2. Mathematical Model

In this section we present mathematical models for the dynamical response of MBSs equipped with
a distributed set of interstory and interbuilding FVDs. The proposed models are fully formulated in matrix
form and include state-space representations to facilitate an efficient computational implementation,
which is a factor of critical relevance in the practical application of the design procedure.

2.1. Plain Building Model

Let us consider a MBS system formed by a row of m adjacent n-story buildings with identical dynamic
characteristics. In the plain configuration, we assume that the buildings damping is only due to the effect of
the structural damping, and the dynamical response of building B(j) can be modeled in the following form:

Mbq̈(j)(t) + Cbq̇(j)(t) + Kbq(j)(t) = −Mb[1]n×1ẅ(t), (1)

where q(j)(t) = [qj
1(t), . . . , qj

n(t)]T is the vector of story displacements with respect to the ground
(see Figure 2); Mb, Cb and Kb are the building mass, damping and stiffness matrices, respectively, which are
common to all the buildings; [1]n×1 is a column vector of size n with all its entries equal to one; and ẅ(t) is
the acceleration of the seismic ground disturbance. The building mass matrix has the diagonal form
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Mb = diag[m1, . . . , mn] =

⎡⎢⎣ m1
. . .

mn

⎤⎥⎦ , (2)

where mi is the mass of the ith story. The stiffness matrix has the following tridiagonal structure:

Kb =

⎡⎢⎢⎢⎢⎢⎣
k1 + k2 −k2

−k2 k2 + k3 −k3

. . . . . . . . .
−kn−1 kn−1 + kn −kn

−kn kn

⎤⎥⎥⎥⎥⎥⎦ , (3)

where ki is the stiffness coefficient of the ith story. The stiffness matrix can be computed in the form

Kb = P diag[k1, . . . , kn] PT , (4)

where diag[k1, . . . , kn] is the diagonal matrix defined by the story stiffness coefficients and P ∈ R
n×n is the

upper band-diagonal matrix

P =

⎡⎢⎢⎢⎢⎢⎣
1 −1

1 −1
. . . . . .

1 −1
1

⎤⎥⎥⎥⎥⎥⎦ , (5)

with the following elements: ⎧⎪⎪⎨⎪⎪⎩
[P]i,i = 1, i = 1, . . . , n,

[P]i,i+1 = −1, i = 1, . . . , n − 1,

[P]i,j = 0, otherwise.

(6)

When the story damping coefficients ci, i = 1, . . . , n are known, the structure of the building damping
matrix Cb is similar to the structure of the stiffness matrix in Equation (3) and can be computed in the
following form:

Cb = P diag[c1, . . . , cn] PT . (7)

Frequently, however, the damping coefficients ci cannot be properly determined and an approximate
damping matrix Cb is computed by setting a suitable damping ratio on some of the building vibration
modes [32]. Specifically, for the five-building model used in the numerical examples discussed in Sections 4
and 5, the matrix Cb has been computed as a Rayleigh damping matrix by setting a 2% of relative damping
in the first and fifth modes (see Equation (70)).
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Figure 2. Schematic mechanical model of a five-story building equipped with a distributed system of n̂j = 3

supplemental interstory dampers implemented at the story levels p̂j
1 = 1, p̂j

2 = 3 and p̂j
3 = 4.

2.2. Interstory and Interbuilding Damping Models

The dynamical response of building B(j) can be improved by introducing a system of 0 < n̂j ≤ n

additional interstory dampers Ĉ(j) = [ p̂(j), ĉ(j)], where ĉ(j) = [ĉj
1, . . . , ĉj

n̂j
] is the list of damping coefficients

and p̂(j) = [ p̂j
1, . . . , p̂j

n̂j
] is a list that contains the story levels at which the dampers are implemented.

The dynamical response of building B(j) equipped with the additional interstory damping system Ĉ(j) can
be modeled in the form

Mbq̈(j)(t) +
[
Cb + Ĉ(j)]q̇(j)(t) + Kbq(j)(t) = −Mb[1]n×1ẅ(t), (8)

where the damping matrix Ĉ(j) can be computed as

Ĉ(j) = P̂(j) diag[ĉj
1, . . . , ĉj

n̂j
]
{

P̂(j)}T (9)

by considering the diagonal matrix diag[ĉj
1, . . . , ĉj

n̂j
] and the location matrix P̂(j) ∈ R

n×n̂j formed by the

columns of the matrix P indicated in the placement list p̂(j). Thus, for example, the system of additional
interstory dampers in Figure 2 contains n̂j = 3 dampers located at the story positions p̂(j) = [1, 3, 4].
The corresponding placement and diagonal matrices are, respectively,

P̂(j) =

⎡⎢⎢⎢⎢⎢⎣
1 0 0
0 −1 0
0 1 −1
0 0 1
0 0 0

⎤⎥⎥⎥⎥⎥⎦ , diag[ĉj
1, ĉj

2, ĉj
3] =

⎡⎢⎣ ĉj
1 0 0

0 ĉj
2 0

0 0 ĉj
3

⎤⎥⎦ (10)

and the matrix of additional interstory damping has the following form:
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Ĉ(j) =

⎡⎢⎢⎢⎢⎢⎢⎢⎣

ĉj
1 0 0 0 0

0 ĉj
2 −ĉj

2 0 0

0 −ĉj
2 ĉj

2 + ĉj
3 −ĉj

3 0

0 0 −ĉj
3 ĉj

3 0

0 0 0 0 0

⎤⎥⎥⎥⎥⎥⎥⎥⎦
. (11)

Improving the dynamical response of nonactuated buildings and reducing the pounding risk between
adjacent buildings can be achieved by introducing proper systems of additional interbuilding dampers
C̃(j) = [ p̃(j), c̃(j)], where c̃(j) = [c̃j

1, . . . , c̃j
ñj
] is the list of damping coefficients, p̃(j) = [ p̃j

1, . . . , p̃j
ñj
] is a list

that contains the story levels between buildings B(j) and B(j+1) at which the interbuilding dampers are
implemented, and ñj is the number of dampers in C̃(j). To compute the dynamical response of the buildings
subjected to the action of interbuilding damping systems we define the interbuilding damping matrix C̃(j)

associated to the damping system C̃(j) as

C̃(j) = P̃(j) diag[c̃j
1, . . . , c̃j

ñj
]
{

P̃(j)}T , (12)

where diag[c̃j
1, . . . , c̃j

ñj
] is the diagonal matrix defined by the list of damping coefficients c̃(j) and the

location matrix P̃(j) ∈ R
n×ñj contains the columns of the identity matrix In indicated in the list of damper

positions p̃(j). Thus, for example, the system of additional interbuilding dampers C̃(2) implemented
between buildings B(2) and B(3) in Figure 1 contains ñ2 = 3 dampers with coefficients c̃(2) =

[
c̃2

1, c̃2
2, c̃2

3
]
,

which are located at the story levels p̃(2) = [1, 3, 5]. The corresponding placement and diagonal matrices
are, respectively,

P̃(2) =

⎡⎢⎢⎢⎢⎢⎣
1 0 0
0 0 0
0 1 0
0 0 0
0 0 1

⎤⎥⎥⎥⎥⎥⎦ , diag[c̃2
1, c̃2

2, c̃2
3] =

⎡⎢⎣ c̃2
1 0 0

0 c̃2
2 0

0 0 c̃2
3

⎤⎥⎦ (13)

and the matrix of additional interbuilding damping is

C̃(2) =

⎡⎢⎢⎢⎢⎢⎢⎣

c̃2
1 0 0 0 0

0 0 0 0 0

0 0 c̃2
2 0 0

0 0 0 0 0

0 0 0 0 c̃2
3

⎤⎥⎥⎥⎥⎥⎥⎦ . (14)

For an m-building system equipped with the set of interstory and interbuilding damping systems
Ĉ(1), . . . , Ĉ(m), C̃(1), . . . , C̃(m−1), the dynamical response of building B(j) can be described by the model

Mbq̈(j)(t) + f
(j)
d (t) + Kbq(j)(t) = −Mb[1]n×1ẅ(t), (15)

where the term f
(j)
d (t) denotes the total damping force acting on B(j). Using the damping matrix C̃(j)

defined in Equation (12), the total damping force f
(1)
d (t) acting on the initial building B(1) can be written

in the following form:

f
(1)
d (t) =

[
Cb + Ĉ(1)+ C̃(1)

]
q̇(1)(t)− C̃(1)q̇(2)(t); (16)
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for an interior building B(j), j = 2, . . . , m − 1, we have

f
(j)
d (t) = −C̃(j−1)q̇(j−1)(t) +

[
Cb + Ĉ(j)+ C̃(j−1) + C̃(j)

]
q̇(j)(t)− C̃(j)q̇(j+1)(t); (17)

and for the final building B(m), we obtain

f
(m)
d (t) = −C̃(m−1)q̇(m−1)(t) +

[
Cb + Ĉ(m)+ C̃(m−1)

]
q̇(m)(t). (18)

Remark 3. For notational convenience, we will assume that a nonactuated building B(j) is equipped with an empty
system of interstory dampers Ĉ(j) = [ p̂(j), ĉ(j)], where p̂(j) and ĉ(j) are empty lists and the number of dampers is
n̂j = 0. In that case, we agree that Ĉ(j) = [0]n×n. Analogously, when there are no dampers implemented between
buildings B(j) and B(j+1) we will consider an empty system of interbuilding dampers C̃(j) = [ p̃(j), c̃(j)], where p̃(j)

and c̃(j) are empty lists. Also in that case, we have ñj = 0 and set C̃(j) = [0]n×n.

2.3. Overall Multibuilding Model

By considering the overall vector of displacements

q(t) =

⎡⎢⎢⎣
q(1)(t)

...

q(m)(t)

⎤⎥⎥⎦ , (19)

the dynamical response of the overall multibuilding system can be described by the model

M q̈(t) +
(

C + Ĉ + C̃
)

q̇(t) + K q(t) = −M [1]n×1ẅ(t), (20)

where n = m · n is the total number of degrees of freedom; M ∈ R
n×n and K ∈ R

n×n are the overall mass
and stiffness matrices, respectively, which have the following block-diagonal structure:

M = diag
[
Mb, (m). . ., Mb

]
=

⎡⎢⎣ Mb
. . .

Mb

⎤⎥⎦ , K = diag
[
Kb, (m). . ., Kb

]
=

⎡⎢⎣ Kb
. . .

Kb

⎤⎥⎦ ; (21)

C ∈ R
n×n and Ĉ ∈ R

n×n are the overall matrices of structural and interstory damping, respectively,
which also have a block-diagonal structure

C = diag
[
Cb, (m). . ., Cb

]
=

⎡⎢⎣ Cb
. . .

Cb

⎤⎥⎦ , Ĉ = diag
[
Ĉ(1), . . . , Ĉ(m)

]
=

⎡⎢⎣ Ĉ(1)

. . .
Ĉ(m)

⎤⎥⎦ ; (22)

and C̃ ∈ R
n×n is a matrix that models the overall interbuilding damping and has the following

block-tridiagonal structure:
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C̃ =

⎡⎢⎢⎢⎢⎢⎢⎣
C̃(1) −C̃(1)

−C̃(1) C̃(1) + C̃(2) −C̃(2)

. . . . . . . . .

−C̃(m−2) C̃(m−2) + C̃(m−1) −C̃(m−1)

−C̃(m−1) C̃(m−1)

⎤⎥⎥⎥⎥⎥⎥⎦ . (23)

The matrix C̃ can be computed as

C̃ = Q diag
[
C̃(1), . . . , C̃(m−1)

]
QT , (24)

where Q ∈ R
n×(m−1)n is the block-matrix

Q =

⎡⎢⎢⎢⎢⎢⎣
In

−In In

. . . . . .
−In In

−In

⎤⎥⎥⎥⎥⎥⎦ , (25)

defined by blocks [Q]i,j, i = 1, . . . , m, j = 1, . . . , m − 1 with the following form:⎧⎪⎪⎨⎪⎪⎩
[Q]i,i = In, i = 1, . . . , m − 1,

[Q]i+1,i = −In, i = 1, . . . , m − 1,

[Q]i,j = [0]n×n, otherwise,

(26)

where [0]n×n denotes the null matrix of dimension n × n. For example, the five-building system in
Figure 1 includes three non-empty interbuilding damping systems C̃(1), C̃(2) and C̃(3) with ñ1 = 2, ñ2 = 3,
and ñ3 = 5 dampers, respectively. It also includes one empty damping system C̃(4), which, according to
Remark 3, has the damping matrix C̃(4) = [0]5×5 . In this case, we obtain the position and coefficient
block-matrices

Q =

⎡⎢⎢⎢⎢⎢⎣
I5 [0]5×5 [0]5×5 [0]5×5

−I5 I5 [0]5×5 [0]5×5

[0]5×5 −I5 I5 [0]5×5

[0]5×5 [0]5×5 −I5 I5

[0]5×5 [0]5×5 [0]5×5 −I5

⎤⎥⎥⎥⎥⎥⎦ , diag
[
C̃(1), C̃(2), C̃(3), [0]5×5

]
(27)

and the overall interbuilding damping matrix has the following block structure:

C̃ =

⎡⎢⎢⎢⎢⎢⎢⎢⎣

C̃(1) −C̃(1) [0]5×5 [0]5×5 [0]5×5

−C̃(1) C̃(1) + C̃(2) −C̃(2) [0]5×5 [0]5×5

[0]5×5 −C̃(2) C̃(2) + C̃(3) −C̃(3) [0]5×5

[0]5×5 [0]5×5 −C̃(3) C̃(3) [0]5×5

[0]5×5 [0]5×5 [0]5×5 [0]5×5 [0]5×5

⎤⎥⎥⎥⎥⎥⎥⎥⎦
. (28)

2.4. State-Space Model and Output Variables

By considering the state vector
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x(t) =

[
q(t)
q̇(t)

]
, (29)

the overall dynamical response of the multibuilding system can be described by a first-order state-
space model

ẋ(t) =
(
Ab + Ad

)
x(t) + B ẅ(t), (30)

where the matrices

Ab =

[
[0]n×n In

−M−1K −M−1C

]
, B =

[
[0]n×1

−[1]n×1

]
(31)

are constant matrices that model the dynamical response of the nonactuated MBS and

Ad =

[
[0]n×n [0]n×n

[0]n×n −M−1(Ĉ + C̃
) ]

(32)

is a matrix that reflects the action of the overall system of added dampers.
The vector of interstory drifts r̂(j)(t) = [r̂j

1(t), . . . , r̂j
n(t)]T corresponding to building B(j) has the

following components: ⎧⎨⎩r̂j
1(t) = qj

1(t),

r̂j
i(t) = qj

i(t)− qj
i−1(t), i = 2, . . . , n.

(33)

Using the matrix P in Equation (5), the vector r̂(j)(t) can be computed as

r̂(j)(t) = PTq(j)(t), (34)

and the overall vector of interstory drifts corresponding to the multibuilding system

r̂(t) =

⎡⎢⎣ r̂(1)(t)
...

r̂(m)(t)

⎤⎥⎦ (35)

can be obtained in the form r̂(t) = Cr̂ x(t) with the output-matrix

Cr̂ =
[
diag[P, (m). . ., P]T [0]n×n

]
. (36)

The vector of total accelerations of the jth building

a(j)(t) = [aj
1(t), . . . , aj

n(t)]T = q̈(j)(t) + [1]n×1ẅ(t) (37)

contains the story accelerations with respect to an inertial reference frame. Using the state vector x(t),
the overall vector of total accelerations

a(t) =

⎡⎢⎢⎣
a(1)(t)

...

a(m)(t)

⎤⎥⎥⎦ (38)

can be computed in the form
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a(t) = −
[

M−1K M−1(C + Ĉ + C̃
) ]

x(t). (39)

The vector of interbuilding approachings between buildings B(j) and B(j+1)

r̃(j)(t) = [r̃j
1(t), . . . , r̃j

n(t)]T = −{
q(j+1)(t)− q(j)(t)

}
(40)

describes the variation of the interbuilding separation at the different story levels. As schematically
illustrated in Figure 3, for a given interbuilding gap Δj, the value Δj − r̃j

i(t) indicates the separation

between stories sj
i and sj+1

i . Hence, positive values of the interbuilding approaching r̃j
i(t) will produce

a reduction of the interbuilding separation, and a value r̃j
i(t) > Δj will indicate an interbuilding impact

at the ith story level. To avoid the computational complexity associated to building impacts, we will
assume that the interbuilding gaps Δj, j = 1, . . . , m − 1 are large enough to avoid pounding. In that case,
the approaching peak-value

r̃(j)
max = max

1≤i≤n

(
max
t≥0

r̃j
i(t)

)
(41)

obtained in numerical simulations of the seismic response can be taken as a lower bound of safe
interbuilding separation between buildings B(j) and B(j+1) for the considered seismic excitation. Using the
matrix Q in Equation (25), the overall vector of interbuilding approachings

r̃(t) =

⎡⎢⎢⎣
r̃(1)(t)

...

r̃(m−1)(t)

⎤⎥⎥⎦ (42)

can be computed from the state vector in the form

r̃(t) =
[
QT [0](m−1)n×n

]
x(t). (43)
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Figure 3. Interbuilding separation of the stories sj
i and sj+1

i corresponding to the interbuilding approaching

r̃j
i(t) = −{qj+1

i (t)− qj
i(t)} = 2δ for adjacent buildings B(j) and B(j+1) with an interbuilding gap Δj.
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3. Optimization Procedure

Due to the complexity of the considered problem, the structure of the optimization variables and
constraints is a critical issue for computational efficiency. The selected genetic algorithm (GA) optimization
solver permits simultaneously work with discrete and continuous variables. In the proposed optimization
procedure, discrete binary variables are used to indicate the damper allocations while damping capacities
are described by continuous variables. Also, two different kinds of constraints are employed: (i) preliminary
constraints, which include the scheme of allowed damper positions σ and the total number of damping
elements nd and (ii) solving constraints, which are regular optimization constraints imposed on the
optimization variables. The preliminary constraints are established prior to the solving phase and
determine the number and type of decision variables. The solving constraints are associated to the
optimization solver and are used in the solving phase to enforce the binary character of allocation variables
and controlling the feasibility of solutions with respect to the selected technical setup. In this section,
we provide a detailed description of the schemes of allowed damper positions and the construction of the
multibuilding model corresponding to a particular vector of optimization variables. Next, we discuss the
main features of the objective function and the solving constraints.

3.1. Allowed Damper Positions, Dampers Allocation and Damping Coefficients

In order to determine the structure of the interstory damping systems, we introduce the scheme
of allowed damper positions σ̂ = [σ̂(1), . . . , σ̂(m)], where σ̂(j) = [σ̂

j
1, . . . , σ̂

j
η̂j
] is a list that indicates the

story levels in building B(j) at which additional interstory dampers can be implemented and η̂j is the
number of such allowed positions. When no additional interstory dampers are allowed in building
B(j), we agree that σ̂(j) is an empty list with η̂j = 0 elements. Analogously, to specify the structure of
the interbuilding damping system, we introduce the scheme of allowed positions σ̃ = [σ̃(1), . . . , σ̃(m−1)],
where σ̃(j) = [σ̃

j
1, . . . , σ̃

j
η̃j
] is a list that indicates the story levels between buildings B(j) and B(j+1) at which

additional interbuilding dampers can be implemented and η̃j is the number of those allowed positions.
Also in this case, the value η̃j = 0 indicates that σ̃(j) is an empty list and that no interbuilding dampers can
be implemented between B(j) and B(j+1). The overall scheme of allowed damper positions

σ = [σ̂(1), . . . , σ̂(m), σ̃(1), . . . , σ̃(m−1)] (44)

has η = η̂ + η̃ elements with η̂ = ∑m
j=1 η̂j and η̃ = ∑m−1

j=1 η̃j. To illustrate the introduced definitions, let us
consider the scheme of allowed damper positions for the three-building system displayed in Figure 4,
which permits implementing interstory dampers at the story levels 1–3 in buildings B(1) and B(3) (blue
dashed squares) and interbuilding dampers at the interbuilding levels 4 and 5 (red dotted squares). In this
case, we have

σ̂(1) = [1, 2, 3] σ̂(2) = [ ] σ̂(3) = [1, 2, 3] σ̃(1) = [4, 5] σ̃(2) = [4, 5]
η̂1 = 3 η̂2 = 0 η̂3 = 3 η̃1 = 2 η̃2 = 2

(45)

with a total number of allowed damper positions η = 10.
To define the damper placement positions of an admissible interstory damping system for building

B(j), we introduce the allocation list α̂(j) = [α̂
j
1, . . . , α̂

j
η̂j
], where α̂

j
i is a binary variable that takes the values

α̂
j
i =

{
1 if an interstory damper is implemented at position σ̂

j
i in B(j),

0 otherwise.
(46)
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The number of interstory dampers implemented in B(j) is n̂j = ∑
η̂j
i=1 α̂

j
i and n̂ = ∑m

j=1 n̂j is the
total number of interstory dampers. Analogously, the damper placement positions for an admissible
interbuilding damping system between buildings B(j) and B(j+1) are defined by the allocation list of binary
variables α̃(j) = [α̃

j
1, . . . , α̃

j
η̃j
], where α̃

j
i = 1 indicates that an interbuilding damper is implemented at level

σ̃
j
i . The number of dampers implemented between B(j) and B(j+1) is ñj = ∑

η̃j
i=1 α̃

j
i and ñ = ∑m−1

j=1 ñj is the
total number of interbuilding dampers. For an admissible damping system with nd dampers, the actual
damper placement positions can be described by an overall allocation list

α = [α̂(1), . . . , α̂(m), α̃(1), . . . , α̃(m−1)] (47)

with the constraint n̂ + ñ = nd. For the scheme of allowed damper positions in Equation (45), the damping
system displayed in Figure 4 has the following lists of allocated dampers:

α̂(1) = [1, 1, 0] α̂(2) = [ ] α̂(3) = [1, 0, 1] α̃(1) = [0, 1] α̃(2) = [1, 1]
n̂1 = 2 n̂2 = 0 n̂3 = 2 ñ1 = 1 ñ2 = 2.

(48)

The total number of allocated interstory and interbuilding dampers are n̂ = 4 and ñ = 3, respectively.
The overall list of allocated dampers

α = [

α̂(1)︷ ︸︸ ︷
1, 1, 0,

α̂(3)︷ ︸︸ ︷
1, 0, 1,

α̃(1)︷︸︸︷
0, 1 ,

α̃(2)︷︸︸︷
1, 1 ] (49)

contains η = 10 elements and indicates that the overall number of allocated dampers is nd = 7.
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Figure 4. Schemes of allowed damper positions for a three-building system. Interstory scheme σ̂ =

[σ̂(1), σ̂(2), σ̂(3)] with η̂1 = 3, η̂2 = 0 and η̂3 = 3 (blue dashed rectangles). Interbuilding scheme σ̃ =

[σ̃(1), σ̃(2)] with η̃1 = 2 and η̃2 = 2 (red dotted rectangles).
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3.2. Optimization Variables and Associated Multibuilding Model

The optimization variables are organized in a list v = [α, d], where α = [α1, . . . , αη ] is the list
of dampers allocation and d = [d1, . . . , dnd ] is the list of damping coefficients. To carry out the
optimization process, for a given list of optimization variables v = [α, d], we have to compute the
damping schemes Ĉ(1), . . . , Ĉ(m), C̃(1), . . . , C̃(m−1) and the associated damping matrices Ĉ(1), . . . , Ĉ(m),
C̃(1), . . . , C̃(m−1). To simplify that task, we will denote by π(L) the list of positions of the nonzero elements
in the list L = [l1, . . . , lp]. We will also use the shorthands sum(L) = ∑

p
i=1 li ; L(i1 : i2) = [li1 , . . . , li2 ] for

i1 ≤ i2 ; and L(π) = [lπ1 , . . . , lπk ] for a list of positions π = [π1, . . . , πk].
To obtain the matrices of interstory damping Ĉ(j), j = 1, . . . , m, we consider the lists of allowed

interstory damper positions σ̂(j) = [σ̂
j
1, . . . , σ̂

j
η̂j
], j = 1, . . . , m. For j values with η̂j = 0, there can not be

any interstory damper implemented in building B(j) and we directly set n̂j = 0 and Ĉ(j) = [0]n×n. Next,
we define the cumulative numbers θ̂0 = 0, θ̂j = η̂1 + · · ·+ η̂j, j ≥ 1 and, for j values with η̂j > 0, we extract
the list

α̂(j) = [α̂
j
1, . . . , α̂

j
η̂j
] = α(θ̂j−1 + 1 : θ̂j) (50)

and compute the number of interstory dampers n̂j = sum(α̂(j)) allocated in B(j). For j values with n̂j = 0,
there are no dampers allocated in B(j) and we set Ĉ(j) = [0]n×n; for j values with n̂j > 0, we compute
the list of indexes π̂(j) = π(α̂(j)) that contains the positions of the n̂j nonzero elements in α̂(j) and obtain
the list of interstory positions p̂(j) = σ̂(j)(π̂(j)) where the n̂j dampers are allocated. To compute the
corresponding list of damping coefficients, we define the cumulative numbers N̂0 = 0, N̂j = n̂1 + · · ·+ n̂j,
for j ≥ 1, and extract the coefficient sublist ĉ(j) = d(N̂j−1 + 1 : N̂j). After obtaining the actuation scheme
Ĉ(j) = [ p̂(j), ĉ(j)], the associated damping matrix Ĉ(j) can be computed as indicated in Equation (9).

Analogously, to obtain the interbuilding damping matrices C̃(j), j = 1, . . . , m − 1, we consider the
lists of allowed interbuilding damper positions σ̃(j) = [σ̃

j
1, . . . , σ̃

j
η̃j
], j = 1, . . . , m − 1. For j values with

η̃j = 0, there can not be any interbuilding damper implemented between buildings B(j) and B(j+1), and we
set ñj = 0 and C̃(j) = [0]n×n. For j values with η̃j > 0, we consider the cumulative numbers θ̃0 = 0,
θ̃j = η̃1 + · · ·+ η̃j, j ≥ 1, extract the sublist

α̃(j) = [α̃
(j)
1 , . . . , α̃

(j)
η̃j
] = α(η̂ + θ̃j−1 + 1 : η̂ + θ̃j) (51)

and compute the number of interbuilding dampers ñj = sum(α̃(j)) allocated between B(j) and B(j+1). For j
values with ñj = 0, there are no dampers allocated between B(j) and B(j+1), and we set C̃(j) = [0]n×n; for j
values with ñj > 0, we compute the list of indexes π̃(j) = π(α̃(j)), which contains the positions of the ñj

nonzero elements in α̃(j), and obtain the list of interbuilding positions p̃(j) = σ̃(j)(π̃(j)) where the dampers
are allocated. To compute the corresponding list of damping coefficients, we define the cumulative
numbers Ñ0 = 0, Ñj = ñ1 + · · ·+ ñj, for j ≥ 1, and extract the sublist c̃(j) = d(n̂ + Ñj−1 + 1 : n̂ + Ñj).
From the interbuilding damping scheme C̃(j) = [ p̃(j), c̃(j)], the associated damping matrix C̃(j) can be
computed as indicated in Equation (12).

To illustrate the described procedure, let us consider the scheme of allowed damper positions in
Equation (45), the overall list of allocated dampers in Equation (49) and the list of damping coefficients
d = [d1, . . . , d7]. First, we observe that η̂2 = 0 and set n̂2 = 0 and Ĉ(2) = [0]5×5. Next, we compute the
cumulative numbers

θ̂0 = 0, θ̂1 = 3, θ̂2 = 3, θ̂3 = 6. (52)
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For j = 1, we have η̂1 = 3 and extract the sublist

α̂(1) = α(θ̂0 + 1 : θ̂1) = α(1 : 3) = [1, 1, 0], (53)

which indicates that there are n̂1 = sum(α̂(1)) = sum([1, 1, 0]) = 2 interstory dampers allocated in building
B(1). The list of positions of the nonzero elements in α̂(1) is π̂(1) = π([1, 1, 0]) = [1, 2] and the list of
interstory positions where the dampers are allocated is p̂(1) = σ̂(1)(π̂(1)) = σ̂(1)([1, 2]) = [1, 2]. To obtain
the list of damping coefficients, we compute the cumulative numbers N̂0 = 0, N̂1 = 2, and extract the
coefficient sublist ĉ(1) = d(N̂0 + 1 : N̂1) = d(1 : 2) = [d1, d2]. After computing the interstory actuation
scheme Ĉ(1) = [ p̂(1), ĉ(1)], we apply Equation (9) and obtain

Ĉ(1) =

⎡⎢⎢⎢⎢⎢⎢⎣

d1 + d2 −d2 0 0 0

−d2 d2 0 0 0

0 0 0 0 0

0 0 0 0 0

0 0 0 0 0

⎤⎥⎥⎥⎥⎥⎥⎦ . (54)

For j = 3, we have η̂3 = 3 and obtain the sublist α̂(3) = α(θ̂2 + 1 : θ̂3) = α(4 : 6) = [1, 0, 1]
and the number of dampers n̂3 = sum(α̂(3)) = 2. The nonzero elements in α̂(3) are placed at positions
π̂(3) = π([1, 0, 1]) = [1, 3], which produces the list of interstory damper positions p̂(3) = σ̂(3)(π̂(3)) =

σ̂(3)([1, 3]) = [1, 3]. With the values n̂2 = 0 and n̂3 = 2, we can complete the cumulative numbers N̂2 = 2,
N̂3 = 4, and extract the coefficient sublist ĉ(3) = d(N̂2 + 1 : N̂3) = d(3 : 4) = [d3, d4]. According to
Equation (9), the corresponding damping matrix is

Ĉ(3) =

⎡⎢⎢⎢⎢⎢⎢⎣

d3 0 0 0 0

0 d4 −d4 0 0

0 −d4 d4 0 0

0 0 0 0 0

0 0 0 0 0

⎤⎥⎥⎥⎥⎥⎥⎦ . (55)

To obtain the interbuilding actuation schemes C̃(1) and C̃(2), we consider the total number of allowed
interstory positions η̂ = 6, the numbers of allowed interbuilding dampers η̃1 = 2 and η̃2 = 2, and the
cumulative values θ̃0 = 0, θ̃1 = 2 and θ̃2 = 4. For C̃(1), we extract the sublist

α̃(1) = α(η̂ + θ̃0 + 1 : η̂ + θ̃1) = α(7 : 8) = [0, 1] (56)

and compute the number of interbuilding dampers ñ1 = sum(α̃(1)) = 1 allocated between B(1) and
B(2). The corresponding list of indexes π̃(1) = π(α̃(1)) = [2] produces the list of interbuilding positions
p̃(1) = σ̃(1)(π̃(1)) = [5] where the dampers are allocated. To obtain the list of damping coefficients,
we consider the total number of allocated interstory dampers n̂ = 4 and the cumulative values Ñ0 = 0,
Ñ1 = 1, and extract the sublist c̃(1) = d(n̂ + Ñ0 + 1 : n̂ + Ñ1) = d(5 : 5) = [d5]. Next, by applying
Equation (12), we obtain the corresponding interbuilding damping matrix

C̃(1) =

⎡⎢⎢⎢⎢⎢⎣
0 0 0 0 0
0 0 0 0 0
0 0 0 0 0
0 0 0 0 0
0 0 0 0 d5

⎤⎥⎥⎥⎥⎥⎦ . (57)
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Finally, for the interbuilding damping system C̃(2), we obtain the sublist of allocated dampers

α̃(2) = α(η̂ + θ̃1 + 1 : η̂ + θ̃2) = α(9 : 10) = [1, 1], (58)

the number of dampers ñ2 = sum(α̃(2)) = 2, the list of indexes π̃(2) = π(α̃(2)) = [1, 2] and the cumulative
value Ñ2 = 3, which produces the list of positions p̃(2) = σ̃(2)(π̃(2)) = [4, 5] and the list of damping
coefficients c̃(2) = d(n̂ + Ñ1 + 1 : n̂ + Ñ2) = d(6 : 7) = [d6, d7]. In this case, by applying Equation (12),
we get the interbuilding damping matrix

C̃(2) =

⎡⎢⎢⎢⎢⎢⎣
0 0 0 0 0
0 0 0 0 0
0 0 0 0 0
0 0 0 d6 0
0 0 0 0 d7

⎤⎥⎥⎥⎥⎥⎦ . (59)

From matrices Ĉ(j), j = 1, . . . , m and C̃(j), j = 1, . . . , m − 1, we can obtain the overall damping
matrices Ĉ and C̃ given in Equations (22) and (23), respectively, and the overall state-space model for the
damped MBS can be computed as indicated in Equation (30).

3.3. Objective Function and Optimization Constraints

For a linear system S with the state-space model

S :

{
ẋ(t) = Ax(t) + Bw(t),
z(t) = Czx(t),

(60)

the H∞ system-norm

γ(S) = γ(A, B, Cz) = sup
‖w‖2 �=0

‖z‖2

‖w‖2
(61)

indicates the maximum energy-gain from the external disturbance w(t) to the controlled output z(t) [26,33].
Broadly speaking, the H∞ approach aims at minimizing the effect of the worst-case scenario by designing
a system S with a minimum γ-value. In our case, we consider the seismic ground acceleration ẅ(t)
as external disturbance and take the overall vector of interstory drifts r̂(t) given in Equation (35) as
controlled output, which can be computed from the state vector using the controlled-output matrix Cr̂
in Equation (36). As described in the previous section, a particular configuration of the DDS is specified
by a list of optimization variables v = [α, d], where α = [α1, . . . , αη ] is the list of dampers allocation and
d = [d1, . . . , dnd ] is the list of damping coefficients. According to Equation (30), the corresponding damped
system S(v) admits the state-space representation

S(v) :

{
ẋ(t) = {Ab + Ad(v)}x(t) + Bẅ(t),
r̂(t) = Cr̂x(t),

(62)

where Ab, B and Cr̂ are constant matrices and Ad(v) has the form indicated in Equation (32). The associated
H∞-cost of that DDS configuration is

γ(v) = γ(Ab + Ad(v), B, Cr̂). (63)
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The GA solver included in the Matlab Global Optimization Toolbox allows working simultaneously
with discrete and continuous optimization variables. Taking advantage of that feature, the allocation
variables α1, . . . , αη are declared as discrete variables and the constraints

0 ≤ αi ≤ 1, i = 1, . . . , η (64)

are used to define them as binary variables. To specify the total number of dampers, we have to set the
condition ∑

η
i=1 αi = nd. As the selected optimization solver does not admit equality constraints on the

discrete variables, we use the following pair of linear constraints to impose that condition

nd − ε ≤
η

∑
i=1

αi,
η

∑
i=1

αi ≤ nd + ε, (65)

where ε is a small positive number. We also consider the sublists of interbuilding dampers allocation
α̃(j) = [α̃

(j)
1 , . . . , α̃

(j)
η̃j
], j = 1, . . . , m − 1, defined in Equation (51) and enforce a full-linked configuration by

setting the linear constraints

η̃j

∑
i=1

α̃
(j)
i ≥ 1, j = 1, . . . , m − 1. (66)

As to the continuous optimization variables d1, . . . , dnd , in this work we assume that all the dampers
are FVDs with a maximum damping capacity cmax and the DDS has a maximum overall damping ctot.
Accordingly, we set the bound constraints

0 ≤ di ≤ cmax, i = 1, . . . , nd (67)

and the linear constraint

nd

∑
i=1

di ≤ ctot. (68)

In summary, the DDS optimal configuration can be obtained by solving the constrained optimization
problem:

PΓ :

{
minimize γ(v) = γ(Ab + Ad(v), B, Cr̂),

subject to v ∈ Γ,
(69)

where Γ denotes the set of all admissible v-lists that satisfy the system of constraints specified in
Equations (64)–(68).

Remark 4. Using the ss() function of the Matlab Control System Toolbox [34], a state-space representation of the
linear time-invariant model in Equation (60) can be created with sys=ss(A,B,Cz,0). After that, the corresponding
H∞ system-norm in Equation (61) can be readily computed with the function hinfnorm of the Matlab Robust
Control Toolbox [30] in the form gamma=hinfnorm(sys).

Remark 5. It should be observed that the GA solver stops after a certain number of generations, producing only a
suboptimal solution to the optimization problem PΓ . Moreover, due to its stochastic character, distinct solutions are
typically obtained in different runs of the solver. From a practical point of view, however, suboptimal solutions with
small γ-values are frequently able to define DDSs with high-performance characteristics and, in that sense, can be
taken as acceptable solutions to the considered design problem.
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4. DDS Designs

To illustrate the effectiveness and flexibility of the proposed design methodology, in this section
we design three different DDSs for the seismic protection of a MBS formed by a row of m = 5 identical
five-story buildings with story masses (×105 kg) m1 = 2.152, m2 = 2.092, m3 = 2.070, m4 = 2.048,
m5 = 2.661 and story stiffness coefficients (×108 N/m) k1 = 1.47, k2 = 1.13, k3 = 0.99, k4 = 0.89 and
k5 = 0.84 [35]. The building damping matrix (in Ns/m)

Cb = 105 ×

⎡⎢⎢⎢⎢⎢⎣
2.602 −0.924 0 0 0

−0.924 2.196 −0.810 0 0
0 −0.810 1.995 −0.728 0
0 0 −0.728 1.867 −0.687
0 0 0 −0.687 1.274

⎤⎥⎥⎥⎥⎥⎦ (70)

has been computed as a Rayleigh damping matrix with 2% of relative damping in the first and fifth
modes [32]. The DDSs damping devices are assumed to be linear FVDs with maximum damping capacity
cmax = 3.0 × 107 Ns/m. The maximum DDS damping capacity has been set to ctot = 1.5 × 108 Ns/m and
the total number of damping devices has been restricted to nd = 12. Also, a full-linked configuration has
been enforced on all the considered DDSs by forbidding empty interbuilding damping systems.

For the first damping configuration (DC1), we select the schemes of allowed interstory damper
positions

σ̂(1) = [1, 2, 3, 4, 5], σ̂(2) = [ ], σ̂(3) = [1, 2, 3, 4, 5], σ̂(4) = [ ], σ̂(5) = [1, 2, 3, 4, 5] (71)

and allowed interbuilding damper positions

σ̃(1) = [1, 2, 3, 4, 5], σ̃(2) = [1, 2, 3, 4, 5], σ̃(3) = [1, 2, 3, 4, 5], σ̃(4) = [1, 2, 3, 4, 5], (72)

which are schematically represented in Figure 5 by blue dashed and red dotted rectangles, respectively.
That configuration keeps B(2) and B(4) as nonactuated buildings and allows implementing interstory
dampers at all the interstory levels of buildings B(1), B(3) and B(5), and interbuilding dampers at all
interbuilding positions. In the optimization variable v = [α, d], the list of dampers allocations α contains
η = 35 binary variables, and the list of damping coefficients d includes nd = 12 continuous variables.
For DC1, the solution provided by the GA solver to the optimization problem in Equation (69) includes
the optimal allocation list

α = [

α̂(1)︷ ︸︸ ︷
1, 1, 1, 0, 0,

α̂(3)︷ ︸︸ ︷
1, 1, 1, 0, 0,

α̂(5)︷ ︸︸ ︷
0, 1, 1, 0, 0,

α̃(1)︷ ︸︸ ︷
0, 0, 0, 1, 0,

α̃(2)︷ ︸︸ ︷
0, 0, 1, 0, 0,

α̃(3)︷ ︸︸ ︷
0, 0, 1, 0, 0,

α̃(4)︷ ︸︸ ︷
0, 0, 1, 0, 0 ], (73)

which corresponds to the system of interstory and interbuilding dampers displayed as blue and red small
dashpots in Figure 5, respectively, and the damping coefficients collected in the first row of Table 1.

244



Appl. Sci. 2020, 10, 2383

d8

d7

d6

d5

d4

d9

d10 d12

B(1) B(2) B(3) B(4) B(5)

d3

d2

d1

d11

Figure 5. Damping configuration DC1. Full-linked distributed damping system (DDS) with three actuated
buildings, n̂ = 8 interstory dampers and ñ = 4 interbuilding dampers.

Table 1. Values of the damping coefficients corresponding to the linked damping configurations DC1, DC2
and DC3 (×107 Ns/m).

Conf. d1 d2 d3 d4 d5 d6 d7 d8 d9 d10 d11 d12

DC1 1.4480 1.5137 1.3414 2.0098 2.1014 1.9725 1.5460 1.3074 0.4334 0.3683 0.8023 0.1528
DC2 1.8626 1.9882 1.7986 1.6611 2.1895 1.9489 1.6484 0.6311 0.4362 0.1519 0.0006 0.6828
DC3 2.6792 2.7151 2.5843 2.1407 0.2790 0.9873 0.7835 0.0009 1.3963 0.9310 0.0007 0.5018

The second damping configuration (DC2), schematically displayed in Figure 6, allows placing
dampers in the interstory positions

σ̂(1) = [ ], σ̂(2) = [1, 2, 3, 4, 5], σ̂(3) = [ ], σ̂(4) = [1, 2, 3, 4, 5], σ̂(5) = [ ] (74)

and the interbuilding positions

σ̃(1) = [3, 4, 5], σ̃(2) = [3, 4, 5], σ̃(3) = [3, 4, 5], σ̃(4) = [3, 4, 5], (75)

which constrains the placement of interstory dampers to buildings B(2) and B(4) and restricts the
placements of interbuilding dampers to the upper three interbuilding levels. In this second case, the total
number of optimization variables is reduced to 34, with η = 22 binary allocation variables and nd = 12
continuous damping-coefficient variables. The optimal solution attained by the GA solver for DC2 includes
the allocation list

α = [

α̂(2)︷ ︸︸ ︷
1, 1, 1, 1, 0,

α̂(4)︷ ︸︸ ︷
0, 1, 1, 1, 0,

α̃(1)︷ ︸︸ ︷
0, 0, 1,

α̃(2)︷ ︸︸ ︷
0, 0, 1,

α̃(3)︷ ︸︸ ︷
0, 0, 1,

α̃(4)︷ ︸︸ ︷
1, 1, 0 ], (76)

and the damping coefficients presented in the second row of Table 1.
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Figure 6. Damping configuration DC2. Full-linked DDS with two actuated buildings, n̂ = 7 interstory
dampers and ñ = 5 interbuilding dampers.

Finally, we consider the third damping configuration (DC3) displayed in Figure 7, which allows
placing interbuilding dampers at all interbuilding positions and restricts interstory damper implementation
to building B(1). For that case, the schemes of allowed interstory and interbuilding damping positions are

σ̂(1) = [1, 2, 3, 4, 5], σ̂(2) = [ ], σ̂(3) = [ ], σ̂(4) = [ ], σ̂(5) = [ ] (77)

and

σ̃(1) = [1, 2, 3, 4, 5], σ̃(2) = [1, 2, 3, 4, 5], σ̃(3) = [1, 2, 3, 4, 5], σ̃(4) = [1, 2, 3, 4, 5], (78)

respectively, and the total number of optimization variables is 37 with η = 25 binary damper-allocation
variables and nd = 12 continuous damping-coefficient variables. The optimal allocation list obtained for
DC3 is

α = [

α̂(1)︷ ︸︸ ︷
1, 1, 1, 1, 0,

α̃(1)︷ ︸︸ ︷
0, 0, 1, 1, 1,

α̃(2)︷ ︸︸ ︷
0, 0, 1, 0, 1,

α̃(3)︷ ︸︸ ︷
0, 0, 0, 0, 1,

α̃(4)︷ ︸︸ ︷
0, 1, 0, 0, 1 ], (79)

and the corresponding damping coefficients are collected in the third row of Table 1.
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Figure 7. Damping configuration DC3. Full-linked DDS with a single actuated building, n̂ = 4 interstory
dampers and ñ = 8 interbuilding dampers.

Looking at the damping coefficient values in Table 1 and the structure of the optimal damper
placements in Figures 5–7, the following facts can be observed: (i) damping coefficients of interbuilding
dampers are about one order of magnitude lower than those obtained for interstory dampers, (ii) interstory
dampers tend to be placed in low building levels, and (iii) interbuilding dampers are preferably allocated
at upper interbuilding positions. These facts are consistent with the results obtained in preliminary works
on DDSs for MBSs [22,23]. It can also be observed in Table 1 that there are some dampers with particularly
small damping coefficients. Specifically, damping coefficients d11 in DC2 and d8 and d11 in DC3 are
remarkably small when compared with the coefficient values of all the other interstory and interbuilding
dampers. It should be noted that those small coefficients correspond to dampers placed at particularly low
interbuilding positions and can be interpreted as a numerical side-effect of constraining the overall number
of dampers to exactly nd = 12 elements. From a practical point of view, those residual dampers can be
removed without any significant loss of performance and, consequently, the DDSs corresponding to the
optimal configurations DC2 and DC3 could be implemented with a set of 11 and 10 dampers, respectively.
Regarding the optimal γ-values, the data in Table 2 indicate that the considered damping configurations are
all able to produce a significant reduction of the system H∞-norm when compared with the nonactuated
MBS. In particular, an H∞-norm decrease around 82% is attained by DC3 and larger reductions of about
88% are achieved by DC1 and DC2. The better results obtained by DC1 and DC2 suggest a superior
performance of widely distributed interstory damping schemes. However, it is worth highlighting the
potential implementation advantages of DC3, which would only require internal modifications of building
B(1). As to the computational aspects, the selected GA solver has shown to be very effective in dealing
with the mixture of discrete and continuous variables, the variety of optimization constraints and the
relatively large number of optimization variables. All the presented damping configurations have been
obtained with a common random seed and using the standard parameter setting for large-scale GA
optimization problems suggested in the Matlab Global Optimization Toolbox. Considering the dimension
and complexity of the problem and the modest computing resources (see Remark 8), the computation
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times are notably short, specially when the GA solver is run in parallel mode. Finally, the large number
of objective-function evaluations required to obtain the different optimal configurations indicates that
the computational cost of evaluating the objective function can certainly be a critical bottleneck for the
overall computational effectiveness of the proposed design methodology. In that sense, the presented
matrix formulation for the damped multibuilding model has proved to be a relevant contribution.

Table 2. Computational design characteristics of the linked DDS configurations DC1, DC2 and DC3.

Conf. Act. Build. H∞ Norm opt. vars. Generations funct. aval. Time (s) Parallel Time (s)

Plain conf. — 0.8090 — — — — —
DC1 1, 3, 5 0.0897 47 206 41,400 273.5 67.9
DC2 2, 4 0.0970 34 161 32,400 242.8 57.5
DC3 1 0.1457 37 288 57,800 409.0 103.8

Remark 6. As suggested in the GA solver documentation for problems with a large number of optimization
variables [31], we have introduced some modifications in the default parameter setting of the solver. Specifically,
we have set the values 200 for the PopulationSize, 0.9 for the CrossoverFraction, 20 for the EliteCount and
500 for the MaxGenerations parameters. To take advantage of the CPU multi-core architecture, the GA solver has
been enforced to run in parallel mode by enabling the option UseParallel. Also, to improve the relative accuracy in
the computation of the H∞-norm, the tolerance in the function hinfnorm has been decreased to 10−3 [30].

Remark 7. As indicated in Remark 5, the stochastic character of the GA solver typically produces distinct suboptimal
solutions in different runs of the solver. For simplicity, in this work the Matlab order rng(125) has been used to set
a common random seed for all the computed DDS configurations. That random seed has been arbitrarily chosen,
which confirms the effectiveness of the proposed design methodology and indicates that improved results could be
possibly obtained by exploring a wider set of random seeds [29].

Remark 8. The computation time values presented in Table 2 should only be taken as approximate references, in the
sense that small variations can be observed in the computation time of different runs of the GA solver. Moreover, the
computation time in parallel mode can be significantly affected by the available number of CPU cores. In this work,
all the computations have been carried out with Matlab 2019a on a regular desktop computer equipped with an Intel
Core i7-8700 CPU at 3.20 GHz, 16 GB RAM and a 480GB SSD hard drive.

5. Seismic Responses

To illustrate the behavior of the different DDSs designed in Section 4, we have carried out a proper
set of numerical simulations using the full-scale 180-component of El Centro 1940 seismic record as
ground acceleration disturbance (see Figure 8). Specifically, for the nonactuated MBS and the damping
configurations DC1, DC2 and DC3, we have computed the maximum absolute interstory drifts

|r̂j
i |max = max

0≤t≤Tw
|r̂j

i(t)|, i = 1, . . . , 5, j = 1, . . . , 5, (80)

the maximum absolute story total-accelerations

|aj
i |max = max

0≤t≤Tw
|aj

i(t)|, i = 1, . . . , 5, j = 1, . . . , 5 (81)

and the maximum interbuilding approachings
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(r̃j
i)max = max

0≤t≤Tw
r̃j

i(t), i = 1, . . . , 5, j = 1, . . . , 4, (82)

where r̂j
i(t), aj

i(t) and r̃j
i(t) are the output variables defined in Equations (33), (37) and (40), respectively,

and Tw denotes the total duration of the seismic disturbance.

Figure 8. Full-scale 180-component of El Centro 1940 ground-acceleration seismic record with an absolute
acceleration-peak of 3.417 m/s2. Data available at Strong-Motion Virtual Data Center (VDC) (ftp://
strongmotioncenter.org/vdc/smdb/1940/c/139u37el.c0a).

The obtained interstory-drift peak-values are presented in Figure 9. A global view of the plots in
that figure indicates that the three designed damping configurations are all able to produce an overall
reduction of the interstory-drift peak-values when compared with the response of the nonactuated MBS
(black solid lines with rectangles). In a more detailed inspection of the DC1 response (red solid lines with
circles), it can be appreciated that the interstory-drift peak-value reduction is particularly effective in the
actuated buildings B(1), B(3) and B(5). A slightly poorer performance can be observed in the nonactuated
buildings B(2) and B(4), whose seismic protection is provided through the linking interbuilding dampers
(see Figure 5). A similar behavior can be observed in the response of the damping configuration DC2
(blue dashed lines with asterisks), where B(2) and B(4) are actuated buildings and B(1), B(3) and B(5) are
nonactuated (see Figure 6). In this case, it is worth noting the loss of performance in the upper level of
building B(2), which is an effect that has been observed in previous works [22] and can be associated to
the action of the interbuilding links. Finally, for the single-actuated-building configuration DC3 (green
dotted lines with triangles), the best results are also attained in the actuated building B(1), and a moderate
but gradual increase of the interstory-drift peak-values can be observed in the nonactuated buildings as
we move away from B(1). Also in this case, a loss of performance associated to the interbuilding links
can be appreciated in the upper level of the actuated building B(1). The obtained story total-acceleration
peak-values and maximum interbuilding approachings are displayed in Figures 10 and 11, respectively,
using the same colors, line styles and symbols. The plots in Figure 10 confirm that, despite having
only included the interstory drifts in the optimization index, the considered H∞ design approach can
produce a notable reduction of the acceleration peak-values. That reduction is more relevant in the
actuated buildings and smaller but yet significant in the nonactuated ones. Also in this case, it can be
appreciated the progressive loss of performance of the configuration DC3 as we move away from the only
actuated building B(1). Regarding the approaching peak-values, the plots in Figure 11 show that the three
damping configurations are able to keep the interbuilding approachings within remarkably low levels.
In fact, for the considered seismic disturbance, an interbuilding gap of 3.5 cm can be considered a safe
interbuilding separation in all the cases. It is worth noting that the best approaching results are attained
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by the single-actuated-building configuration DC3, which can be explained by the stronger interbuilding
damping system of that configuration.

Figure 9. Maximum absolute interstory drifts corresponding to the nonactuated multibuilding system
(plain configuration) and the damping configurations DC1, DC2 and DC3.

Figure 10. Maximum absolute story total-accelerations attained by the nonactuated multibuilding system
(plain configuration) and the damping configurations DC1, DC2 and DC3.

Figure 11. Maximum interbuilding approachings produced by the nonactuated multibuilding system
(plain configuration) and the damping configurations DC1, DC2 and DC3.
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To gain a better understanding of the relevance of linked configurations in the seismic protection of
the overall MBS, we have considered an additional unlinked damping configuration DC4 (see Figure 12),
which has been obtained by removing the interbuilding dampers in the linked configuration DC2.
The interstory-drift and acceleration peak-values produced by DC4 are displayed in Figures 13 and 14,
respectively, and the corresponding maximum approachings are presented in Figure 15. The peak-values
produced by the nonactuated MBS and the linked configuration DC2 are also included in those figures
as a reference. Looking at the plots of interstory-drift peak-values in Figure 13, it can be appreciated
that the unlinked configuration DC4 (red dotted lines with triangles) produces better results than the
linked configuration DC2 in the actuated buildings B(2) and B(4), but it provides null protection to the
nonactuated buildings B(1), B(3) and B(5). The plots of acceleration peak-values in Figure 14 indicate that,
in addition of providing null protection to the nonactuated buildings, the unlinked configuration DC4
attains worse results than the linked configuration DC2 in building B(4) and the first story of building
B(2). As to the interbuilding approachings, the plots in Figure 15 show that large approaching peak-values
are produced at the top level of all the buildings by the unlinked configuration DC4, which would require
interbuilding separations of about 20 cm to avoid pounding.

d7d4

B(1) B(2) B(3) B(4) B(5)

d3

d2

d1

d6

d5

Figure 12. Fully unlinked damping configuration DC4 obtained by suppressing the interbuilding dampers
in the linked configuration DC2.

Figure 13. Maximum absolute interstory drifts corresponding to the nonactuated multibuilding system
(plain configuration), the linked configuration DC2 and the unlinked configuration DC4.
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Figure 14. Maximum absolute story total-accelerations attained by the nonactuated multibuilding system
(plain configuration), the linked configuration DC2 and the unlinked configuration DC4.

Figure 15. Maximum interbuilding approachings produced by the nonactuated multibuilding system
(plain configuration), the linked configuration DC2 and the unlinked configuration DC4.

Finally, to summarize the global behavior of the nonactuated MBS and the discussed damping
configurations, we consider the overall peak-values of absolute interstory drifts

|r̂|max = max
1≤j≤m

(
max

1≤i≤n
|r̂j

i |max

)
, (83)

absolute story total-accelerations

|a|max = max
1≤j≤m

(
max

1≤i≤n
|aj

i |max

)
(84)

and interbuilding approachings

(r̃)max = max
1≤j≤m−1

(
max

1≤i≤n
(r̃j

i)max

)
. (85)

The obtained overall peak-values and the corresponding H∞-norms are collected in Table 3. The data
in the table indicate that, with respect to the nonactuated MBS, the DDS configurations DC1 and DC2
produce reductions of about 50% in the overall interstory-drift peak-value and around 40% in the overall
acceleration peak-value. The overall reductions attained by the single-actuated-building configuration DC3
are around 40% in the interstory-drift and slightly below 30% in the acceleration responses. The overall
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maximum approaches are around 3 cm for DC1 and DC2 and inferior to 2 cm for DC3. Those values
indicate that the linked DDSs obtained with the proposed design strategy can provide an overall seismic
protection for the MBS. At the same time, the values corresponding to DC4 illustrate the inefficacy of
unlinked configurations in mitigating the interstory-drift and acceleration seismic response of the overall
MBS and clearly demonstrate their possible detrimental effects on pounding risk.

Table 3. H∞ norm and overall maximum peak-values corresponding to the nonactuated multibuilding
system (plain configuration), the linked configurations DC1, DC2 and DC3, and the unlinked
configuration DC4.

Conf. Act. Build. H∞ Norm Max. drift (cm) Max. accel. (m/s2) Max. Approach. (cm)

Plain — 0.8090 5.38 9.62 0.00
DC1 1, 3, 5 0.0897 2.56 5.71 2.70
DC2 2, 4 0.0970 2.76 5.62 3.15
DC3 1 0.1457 3.25 7.02 1.92
DC4 2, 4 0.6272 5.38 9.62 20.05

Remark 9. The plots in Figure 15 indicate that null interbuilding approachings are produced by the nonactuated
MBS, which can be explained by the synchronized response of the identical buildings subjected to the same seismic
excitation. From a practical point of view, however, it should be observed that there are a number of factors, such as
the differential variation of the building structural parameters over time, the effect of live loads (weight of persons,
furniture, equipment, movable partitions, etc.) or the soil-structure interaction, that can brake the ideal synchrony of
the buildings response and, consequently, increase the risk of pounding.

6. Conclusions

In this work, we have investigated the design of distributed damping systems (DDSs) for the overall
seismic protection of multiple adjacent buildings. The considered DDSs include two different kinds
of damping devices: interstory dampers, which are implemented inside the buildings, and external
interbuilding damping links. To keep the problem complexity within reasonable limits, we have assumed
that the damping elements are linear fluid viscous dampers and the buildings have been considered as
linear planar frames with identical dynamic characteristics. The main objective of the study is designing
suitable DDS configurations that are able to mitigate the buildings seismic response by reducing the
interstory-drift and story-acceleration peak-values and, at the same time, are capable of cutting down
the risk of interbuilding collisions (pounding) by producing small interbuilding approachings. Typically,
designing high-performance DDSs involves solving a mixed allocation-tuning optimization problem,
which includes both determining convenient damper positions and computing proper values for the
damper parameters. The proposed design methodology is based on an effective matrix formulation
of the damped multibuilding system, follows an H∞ approach that permits avoiding costly numerical
simulations of seismic time-responses, exploits the computational advantages of state-of-the-art genetic
algorithm (GA) solvers, and allows setting actuation schemes of particular interest such as full-linked
configurations or nonactuated buildings. To illustrate the main features of the presented design strategy,
three different DDS configurations have been computed for a system of five adjacent multistory buildings.
Also, to explore the performance characteristics of the obtained DDS configurations, a convenient set of
numerical simulations of the corresponding seismic responses have been carried out using the full-scale
180-component of El Centro 1940 seismic record as ground acceleration input. Considering the obtained
results, the following points can be highlighted: (i) properly designed DDSs can provide an overall seismic
protection to systems of multiple adjacent buildings, being able to mitigate the buildings seismic response
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and reduce the pounding risk; (ii) full-linked DDS configurations should be used to attain the seismic
protection of nonactuated buildings and to produce low levels of pounding risk; (iii) a simultaneous
reduction of the buildings interstory-drift and story-accelerations peak values can be attained with the
considered H∞ approach; (iv) the proposed design methodology is highly flexible, being able to produce
high-performance DDS configurations for a wide variety of actuation schemes; and (v) the proposed
approach is computationally effective in dealing with large-scale problems. Regarding that last point,
it should be observed that computational efficiency is a critical factor in DDS design of multibuilding
problems. In this context, a fast evaluation of the objective function and the possibility of running the GA
solver in parallel mode are elements of singular relevance.

After the positive results obtained in the present work, we believe that further research effort should
be invested in obtaining a deeper understanding of the problem and removing some of the model
simplifications introduced in this paper. In that sense, some lines of particular interest include the
usage of inerter-based vibration absorbers [36,37], the study of the effects of interstory and interbuilding
velocities on the multibulding damper allocation problem [38,39], the analysis of the effects produced by
soil-structure interaction [40] and seismic-wave propagation [41] on large multibulding problems, and the
formulation of extended design strategies for elastic-plastic structures [42] and/or nonlinear damping
devices [43].
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