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Figure 12. Velocity vibration dB at the first to third floors under the wind load with the average wind
speed of 15 m/s for the factory with or without LRBs.
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Figure 13. Maximum velocity vibration dB at the first to third floors under the wind load with the
average wind speed from 5 to 25 m/s for the factory with or without LRBs.
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5. Design of LRBs Concerning the Micro Vibration

The LRBs should possess large stiffness for frequent small or moderate earthquakes but small
stiffness for extreme earthquakes. If the micro vibration is the major concern for the high-tech factory,
the investigation of Section 4 indicates that the selection of LRBs should first consider the problem of
the large micro vibration induced by the wind load. Thus, the LRB with a large initial stiffness (K,)
and a small ratio of the final stiffness over the initial stiffness (a) should be used, where the large K,
can resist wind loads and the small a can reduce seismic loads. However, this situation may cause
difficulties in finding a suitable LRB, so we will first select LRBs with large K., where 5E5 kN/m
(Fy =300 kN and K, = 8E7 kN/m) and 3E5 kN/m (F, = 200 kN and K, = 5E7 kN/m) are used at the
bottom of the big and small columns, respectively. Then, «a is set to 1%, 2.5%, 5%, and 7% for three
cases. The artificial earthquake is set using the PGA of 0.32 g and Ts of 0.9 s (Figure 5), and the average
speed of the turbulent wind load is set to 25 m/s. The finite element results are shown in Figures 14
and 15, where Figure 14 shows the velocity dB changing with frequencies for the wind load, in which
the results are not dependent on a because the yield of LRBs is not obvious under the average wind
speed of 25 m/s, and Figure 15 shows the base shear ratio (R = Smax;grp/ Smaxyno-rp) changing with a.
The two figures indicate the following features:

(1) Figure 14 shows that the slab vibrations induced by the wind load are similar between the
factories with and without LRBs, where the vibrations of the LRB factory are slightly large about 2
to 3 dB greater than those without LRBs. This improvement is significant compared to the result in
Figure 11, because the large initial stiffness of the LRB resists the wind loads. Moreover, most of the
LRBs are still not yielded, so the slab vibrations are independent of the LRB parameter «.

(2) Figure 15 shows that the a should be smaller at higher LRB initial stiffness to reduce the seismic
load of high-tech factories. This situation may make it difficult to obtain a suitable LRB, for example,
a in Figure 15 is less than 2%. Nevertheless, using the large initial stiffness and small a may reduce
seismic responses but not increase the micro vibration for high-tech factories
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Figure 14. Velocity vibration dB changing with frequencies at the first to third floors under the wind
load with the average speed of 25 m/s for the factory with or without LRBs (The dB values with LRBs
due to a from 0.01 to 0.07 are almost identical.).
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Figure 15. The base shear ratio changing with & (Equation (1)) under the PGA of 0.32 g and Ts of 0.9 s.
6. Conclusions

The important conclusions drawn from this work are the following:

(1) For the crane-induced vibration, the vertical vibration is much larger than that in the in-plane
directions. Moreover, the major vibrations between 15 to 40 Hz, induced by the slab natural frequencies
and the moving crane, are almost identical for the factory with and without LRBs, and the ambient
vibrations at other frequencies are small. This is because the factory mass is much larger than that of
the moving crane. Thus, the moving crane does not change the major ambient vibrations between the
factory with and without LRBs.

(2) The high-tech factory with LRBs can decrease over 50% of the seismic base shear for earthquakes
with Ts< 1.0, and for earthquakes with a long dominant period, such as Ts = 1.4 s, the LRB efficiency
may decrease a little. However, the high-tech factory with LRBs may have much larger wind-induced
vibration than that without LRBs, especially for the RC level that is the most critical for micro vibration.
This is because the turbulent wind is fully loaded to the factory while the LRB initial stiffness is not
large enough. Therefore, this situation will bring great disadvantage to the use of LRB in high-tech
factories. To overcome this problem, the shade of adjacent buildings for the high-tech factory may be
an alternative to resistant the wind-induced vibration.

(3) Because micro vibration is a major concern for high-tech factories, one should use the LRB
with a large initial stiffness and a small ratio of the final stiffness over the initial stiffness (). The large
initial stiffness of the LRB can resist the wind loads, while the small a can reduce the seismic load of
high-tech factories. This situation makes it difficult to obtain a suitable LRB but may reduce seismic
responses while not increasing the micro vibration for high-tech factories.
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Abstract: Stay cables exhibit both great slenderness and low damping, which make them sensitive to
resonant phenomena induced by the dynamic character of external actions. Furthermore, for these
same reasons, their modal properties may vary significantly while in service due to the modification
of the operational and environmental conditions. In order to cope with these two limitations, passive
damping devices are usually installed at these structural systems. Robust design methods are thus
mandatory in order to ensure the adequate behavior of the stay cables without compromising the
budget of the passive control systems. To this end, a motion-based design method under uncertainty
conditions is proposed and further implemented in this paper. In particular, the proposal focuses
on the robust design of different passive damping devices when they are employed to control the
response of stay cables under wind-induced vibrations. The proposed method transforms the design
problem into a constrained multi-objective optimization problem, where the objective function is
defined in terms of the characteristic parameters of the passive damping device, together with
an inequality constraint aimed at guaranteeing the serviceability limit state of the structure. The
performance of the proposed method was validated via its application to a benchmark structure with
vibratory problems: The longest stay cable of the Alamillo bridge (Seville, Spain) was adopted for
this purpose. Three different passive damping devices are considered herein, namely: (i) viscous; (ii)
elastomeric; and (iii) frictions dampers. The results obtained by the proposed approach are analyzed
and further compared with those provided by a conventional method adopted in the Standards. This
comparison illustrates how the newly proposed method allows reduction of the cost of the three
types of passive damping devices considered in this study without compromising the performance of
the structure.

Keywords: motion-based design; uncertainty conditions; constrained multi-objective optimization;
reliability analysis; passive structural control; cable-stayed bridges

1. Introduction

One of the main elements that governs the dynamic behavior of cable-stayed bridges is their
stay cables [1]. This structural system has both a high flexibility and a low damping, which makes it
susceptible to suffer both from different vibratory problems [2] and exhibit significant changes in its
modal properties induced by the modification of the operational and environmental conditions [3].
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The vibratory problems observed in cables of cable-stayed bridges may be classified in terms
of the structural elements excited during the vibration phenomenon into the following [2]: (i) local-
global vibratory problems, in which the vibrations involve the excitation of both the cables and the
deck of the structure [4]; and (ii) local vibratory problems, in which only the cables of the structure
are excited laterally [5]. These vibratory problems may be caused by either of the following: (i) direct
excitation sources, such as road traffic, wind [6] or earthquake action [7], or (ii) indirect excitation
sources, such as linear internal resonances, parametric excitations or dynamic bifurcations.

In this paper, we focus on the case of wind-induced vibrations of stay cables, as this is the source
problem of many vibratory issues reported in the literature [2]. As wind-induced vibrations can cause
different structural problems on stay cables (like fatigue or comfort problems), two types of measures
are normally adopted to mitigate the cable vibrations [8], consisting of either of the following: (i)
modifying its natural frequency via the installation of a secondary net of cables [9]; or (ii) increasing its
damping ratio via the installation of external control systems [2]. Such control systems for stay cables
may be classified into three different groups [8]: (i) active [10]; (ii) semi-active [11]; and (iii) passive [12].

Active control systems for stay cables focus on controlling the dynamic response of the cable
via the modification of its tensional state [13]. For this purpose, some kind of actuator, following the
orders of a controller, acts on the cable in order to minimize the difference between the actual response
of the cable (recorded by a sensor) and the allowable response value [14]. Although the theoretical
research on the use of these devices has experienced a significant growth in recent years, their practical
implementation in real cable-stayed bridges has been limited due to their high cost and the robustness
problems associated with the power supply needed to guarantee their operation [2].

On the other hand, semi-active control systems focus on modifying the constitutive parameters of
external damping devices deployed to control the response of the stay cable under external actions [15].
Among the different semi-active devices, magnetorheological dampers have been widely studied and
implemented in real cable-stayed bridges [16]. Although semi-active damping devices outperform
their passive damping counterparts [17] with a lower cost than active control systems, their efficiency is
limited when they are employed under uncertainty conditions, since their performance highly depends
on the control algorithm considered for the design [18].

Finally, passive control systems for stay cables focus on increasing the damping ratio of the cables
via the installation of external devices, whose characteristic parameters are originally designed to
mitigate the dynamic response of the structural system [19]. Due to the robustness of such passive
damping devices [20], they have been installed successfully on numerous real cable-stayed bridges
to reduce wind-induced vibrations [21]. Nevertheless, these devices present as main limitation, a
lower flexibility to adapt the system response to the variability of both the external actions and the
modification of the stay cable parameters induced by loading, when compared to the active and semi-
active devices. In order to overcome this limitation, two strategies may be adopted as outlined: either
(i) to install a hybrid control system [22]; or (ii) to design the passive damping device taking into
account these uncertainty conditions via a robust design method [23].

Different design methods have been developed for this purpose. Among the different proposals,
Kovacs was the first researcher to study the optimum design of viscous dampers for stay cables [24].
Subsequently, Pacheco et al. provided a universal curve which allows the representation of the modal
damping of the first vibration mode of a taut cable in terms of the damping coefficient of the viscous
damper [25]. The maximum of this curve corresponds to the optimum damping ratio of the taut cable
when a viscous damper is installed on it. Later, Krenk et al. obtained an analytical expression for this
curve [26]. Alternatively, other authors, such as Yoneda and Maeda, proposed an analytical model of
the damped cable to determine the optimum parameters of the passive damper [27]. Although the
design parameters obtained following any of these approaches are similar, so that they are currently
employed for the practical design of passive damping devices, they fail to take into account a key
aspect: the uncertainty associated with the variation of both the external actions and the modification
of the modal properties of the stay cables [28].
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In order to overcome this limitation, a motion-based design method [29] under uncertainty
conditions is formulated, implemented and further validated in this paper. In fact, this proposal
generalizes the formulation of a well-known design method, the so-called motion-based design method
under deterministic conditions [30], to the abovementioned uncertainty conditions. The proposed
motion-based design method under uncertainty conditions transforms the design problem into a
constraint multi-objective optimization problem. Hence, the main objective of this problem is to find the
optimum values of the characteristic parameters of the passive damping device which meet the design
requirements for the structure. For this purpose, a multi-objective function is defined in terms of these
parameters, together with an inequality constraint aimed at guaranteeing the compliance of the design
requirements. Such design requirements are defined in terms of the vibration serviceability limit state
of the structure. Since this serviceability limit state is defined under stochastic conditions, the failure
probability of its compliance must be limited [31] and a reliability analysis must be performed [32,33].
For practical engineering applications [34], an equivalent reliability index is usually considered instead
of the probability of failure. Thus, the formulation of the inequality constraint is realized in terms of the
reliability index, which cannot exceed an allowable value [35]. For the computation of the reliability
index, a sampling technique, the Monte Carlo method has been considered herein [36].

Finally, in order to validate the performance of the proposed method, it was applied to the robust
design of three different passive damping devices (viscous, elastomeric, and friction dampers) where
they are installed on the longest stay cable of the Alamillo bridge (Seville, Spain). To this end, only the
effect of the rain-wind interaction phenomenon and the turbulent component of the wind action were
considered. The results were compared with those obtained applying a conventional approach. This
comparative study reveals that the proposed method allows the reduction of the cost of the passive
damping devices while ensuring the structural reliability of the stay cable.

The manuscript is organized as follows: First, the motion-based design method under uncertainty
conditions is described in detail. Next, a damper-cable interaction model under wind action, based on
the finite element (FE) method, is presented. Subsequently, the performance of the proposed method is
illustrated and further validated with a case-study (Alamillo bridge, Seville, Spain). In the final section,
some concluding remarks are drawn to complete the paper.

2. Motion-Based Design of Structures under Uncertainty Conditions

2.1. Motion-Based Design of Structures under Deterministic Conditions

Structural optimization is a computational tool which can be used to assist engineering practitioners
in the design of current structural systems [37]. Thus, this computational tool allows the optimum
size, shape or topology of the structure to be found which meet the design requirements established
by the designer/manufacturer/owner. Among the different structural optimization methods, the
performance-based design method has been widely employed to design passive damping devices for
civil engineering structures [23,30]. When the design requirements are defined in terms of the vibration
serviceability limit state of the structure, the performance-based design method is denominated the
motion-based design method [29]. This general design method was adapted herein for the design of
passive damping devices when they are used to control the dynamic response of civil engineering
structures. As assumption, all the variables, involved in this problem, are deterministic.

Thus, the motion-based design method under deterministic conditions transforms the design
problem into a constrained multi-objective optimization problem. Therefore, the main objective of this
problem is to find the optimum value of the characteristic parameters of the passive damping devices
which guarantee an adequate serviceability structural behavior. For this purpose, a multi- objective
function is minimized. The multi-objective function, f(0), is defined in terms of the characteristic
parameters, ©, of the considered passive damping devices. Additionally, the space domain is
constrained including two restrictions in the optimization problem: (i) an inequality constraint, g;,,();
and (ii) a search domain. [Omin, Omax). As the relation between the objective function and the design
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variables is nonlinear, global optimization algorithms are normally considered to solve this constrained
multi-objective optimization problem. [38]. Accordingly, the motion-based design problem under
deterministic conditions can be formulated as follows:

Find © to Minimize f(0)

: gdet(e) <0 (1)
Subjected t
Hhjecte O{ Omin < 0 < Omax

where 0 is the vector of the design variables; f(0) is the multi-objective function to be minimized; 0y
and Omay are the lower and upper bounds of the search domain; and g;,,(0) is a function which defines
the inequality constraint.

Therefore, the key aspect of this optimization problem is the definition of the inequality constraint.
In the case of slender civil engineering structures, whose design is conditioned by their dynamic
response [29], the compliance of the vibration serviceability limit state can be considered for this
purpose. According to the most advanced design guidelines [6,34], the vibration serviceability limit
state of a structure is met if the movement of the structure, ds(0), which can be characterized by its
displacement, velocity or acceleration, is lower than an allowable value, dj;,,, defined in terms of the
considered comfort requirements. Thus, the inequality constraint of the abovementioned optimization
problem may be expressed as follows:

ds(0)
dlim

8aet(8) = -1<0 @

Finally, as the result of this multi-objective optimization process, a set of possible solutions is
obtained. This set of possible solutions is denominated the Pareto front. Accordingly, a subsequent
decision-making problem must be solved, the selection of the best solution among the different
elements of this Pareto front. Two possible alternatives are normally considered for this purpose [23]:
(i) the selection of the best-balanced solution among all the elements of the Pareto front; and (ii) the
consideration of additional requirements to solve this decision-making problem. The selection between
both alternatives depends on the designer’s own criterion and the particular conditions of the problem.

2.2. Motion-Based Design of Structures under Stochastic Conditions

In order to generalize the implementation of the motion-based design method to scenarios with
stochastic conditions, it is necessary to consider during the design process the uncertainty associated
with the variability of both the external actions and the modal properties of the structure. For
this purpose, two types of methods are normally employed [33]: (i) probabilistic methods; and (ii)
fuzzy logic methods. Between these two methods, a probabilistic approach was considered herein
because engineering practitioners are more used to dealing with probability concepts than with fuzzy
logic problems. Concretely, a structural reliability method [39] was adapted herein to deal with the
aforementioned uncertainty. According to this method, the vibration serviceability limit state can be
expressed as a probabilistic density function, g,,,.(0), which is defined in terms of the capacity of the
structure, Cs, and the demand of the external actions, D, () (where both terms are random variables
characterized by their probability density function). Thus, the vibration serviceability limit state can be
defined as follows:

Cs —Dq(0) if gunc(0) is assumed normally distributed
gunc(e) = C. . R L. (3)
B, (Se) if Qunc(0) is assumed log — normally distributed
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The above relation (Equation (3)) allows the computation of the probability of failure of the
structural system, p(8), to the vibration serviceability limit state. This probability of failure, ps(8),
may be determined as follows:

Prob[gunc(0) < 0]  if gunc(0) is assumed normally distributed

pr(0) = { Prob(gunc(0) < 1] f gunc(0)is assumed log — normally distributed @

On the other hand, as it is shown in Figure 1, it is possible to characterize the probability of failure,
p¢(8), via an equivalent index, the so-called reliability index, fs(8).

Bunc(®) <0 [ gunc(8) >0 Zunc(0) <1 Bunc(0) > 1

p(8) pr(8)

0 .ug,mz(e) 1 ngnc(e)

@) (b)

Figure 1. Probability density function of the vibration serviceability limit state, g,,,.(6): (a) g,,,,.(©)
follows a normal distribution; and (b) g,,,,.(8) follows a log-normal distribution.

The relation between the probability of failure, p¢(8), and the reliability index, fs(8), may be
expressed as follows:

Fg,(0) = <P(—f§§“”+§§>)) = d(—p4(0)) normally distributed

pf(e) - In /u o
Fo, (1) = @f 2kc/tng(©)

2 2
I1nCs 7D (0)

()
= P(—Bs(0)) log—normally distributed

where Fg, is the cumulative probability distribution function of g, .(0); g, (0) and o, (0) are
respectively the mean and standard deviation of g, ,.(0); ® is the standard normal cumulative
distribution function; pc, and up,(0) are respectively the mean of the probabilistic distribution
function of Cs and D,(0); and oy,,c, and 01D, (o) are respectively the standard deviation of the log-
normal distribution of Cs and D, (0).

In this manner, the use of the reliability index, $s(6), allows the computation of the vibration
serviceability limit state under uncertainty conditions to be simplified. Hence, this design requirement
is met if the reliability index, Bs(0), is greater than the allowable reliability index, f;, established by
the designer/manufacturer/owner of the structure. In order to evaluate this inequality constraints,
the reliability index, Bs(0), is usually computed via sampling techniques and the recommended
values of the allowable reliability index, f¢, can be found in literature [39]. In this study, Monte Carlo
simulations [36] were considered in order to evaluate numerically the reliability index, f5(0), and the
value proposed by the European guidelines [34] was considered for the allowable reliability index, f;.

Finally, the motion-based design method under uncertainty conditions may be formulated as
follows:

Find 6Minimize (0)
§unc(0) = 7y ~1<0 ©)

Subjected to
Omin < 0 < Omax
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According to this, one of the main virtues of the motion-based design method is highlighted.
The method allows the deterministic and stochastic design problems to be dealt with using a similar
formulation. Only the inequality constraint must be modified to adapt the formulation to the particular
conditions of each problem. This virtue facilitates the implementation of this method for the robust
design of passive damping devices when they are used to control the dynamic response of slender civil
engineering structures.

3. Damper-Cable Interaction Model under Wind Action

The damper-cable interaction model, considered herein to evaluate the dynamic response of a
stay cable damped by different passive control systems under wind action, is described in detail in
this section. First, the interaction model based on the FE method is introduced. Later, the method
employed to simulate the wind action is presented.

3.1. Modelling the Damper-Cable Interaction

The analysis of the dynamic behavior of stay cables has been studied extensively over the last
four decades. Thus, analytical [40], numerical [30], and experimental studies [41] have been performed
for this purpose. Among the different proposals, a numerical method, the FE method was considered
herein to develop a damper-cable interaction model. This method presents three main advantages
when it is implemented for this particular problem [30]: (i) its easy implementation for practical civil
engineering applications; (ii) it allows a direct interaction of element with different constitutive laws
(cable and dampers); and (iii) it simplifies the simulation of some effects such us the nonlinear behavior
of the cable [40], the sag effect [42], and the influence of the external dampers on the modal properties
of the cables (locking effect) [43].

The implementation of the FE method for this particular problem is based on the numerical
integration of the weak formulation of the differential equilibrium equation of a vibrating stay cable
in the lateral direction. Figure 2 shows an inclined cable of length, L [m], suspended between two
supports at different level which presents a sag, d. [m], with respect to the axis aligned with the
two supports. The application of a small displacement causes the motion of a generic point from
the self-weight configuration, P, to, P’,where u. and v, represent the component of the movement of
the cable respectively in the parallel and perpendicular direction to the axis traced between the two
supports. The equation, which governs the vibration of a taut cable in the lateral direction under the
assumptions of linear and flexible behavior, may be expressed as follows:

%v 9? v %v
H &x; - ﬁ(Elﬁ) = mﬁ )
where v, is the lateral displacement of the cable [m]; H is the axial force of the cable [N]; EI is the
bending stiffness of the cable [Nm?] (where E is the Young’s modulus [N/m?2] and I is the moment of
inertia of the cross-section of the cable [m*]); and m is the mass per unit length of the cable [kg/m].
According to the Equation (7), the vibration of the cable is governed by both its tensional state
and its bending stiffness [44,45]. Additional phenomena can be simulated via the selection of the
adequate finite-element. A nonlinear two-node element with six degrees of freedom per node has been
considered herein to simulate the cable behavior. This element allows both the nonlinear geometrical
and stress-stiffness behavior of the cable to be simulated adequately [46].

In order to take into account, the initial tensional and deformational state of a stay cable during
either a modal or a transient analysis, a preliminary static nonlinear analysis must be performed. In this
preliminary static analysis, the equilibrium form of the cable under its self-weight and a preliminary
axial force is achieved. As a result of this analysis, both the stress and the shape of the cable are
updated, which is a key aspect to simulate numerically its real behavior.
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Figure 2. Damper-cable interaction model considered and mechanical model of each passive damper
(viscous, elastomeric, and friction).

Subsequently, the modelling problem must focus on the simulation on the passive damping
devices behavior. Three passive damping devices were considered herein (Figure 2). For these three
passive damping devices, a linear constitutive law was assumed. The effect of these three passive
damping devices on the cable may be simulated by an equivalent damping force. Each equivalent
damping force is related to the energy that each damping device is able to dissipate, and it is opposed to
the movement of the cable. Thus, each passive damping device has been modelled by a finite element
whose behavior is equivalent to the corresponding damping force (Figure 2). This assumption has two
advantages: (i) the relative movements between the damper and the cable, which govern the behavior
of the damper, were obtained straight; and (ii) the effect of the dampers on the modal properties of the
structure was taken into account directly.

First, the effect of a viscous damper is equivalent to a damping force which is proportional to a
damping coefficient, ¢z, [sN/m], and the relative velocity, v,(t) [m/s], between the two extremes of the
damper (v, (t) = v44(t) — v4(t), where v 4(t) is the velocity of the extreme of the damper in contact
with the cable and v, p(t) is the velocity of the extreme of the damper in contact with the deck, as it is
illustrated in Figure 2. The viscous damping force of this damper, F,,(t), may be expressed as [47]:

Fd,v(t) = Cd,zﬂ']r(t) (8)

Second, the effect of the elastomeric damper may be simulated via the Kelvin—Voigt model. The
equivalent viscoelastic damping force is characterized by two components: (i) a viscous damping
component which is expressed in terms of a damping coefficient, c;, [sN/m], and the relative velocity,
0, (t) [m/s]; and (ii) an elastic component which is expressed in terms of a stiffness coefficient, k;, [N/m],
and the relative displacement between the two extremes, v.(t) [m] (vr(t) = v44(t) —v45(t), where
vy 4(t) is the displacement of the extreme of the damper in contact with the cable and v, g(t) is the
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displacement of the extreme of the damper in contact with the deck, as it is illustrated in Figure 2. The
viscoelastic damping force of this damper may be defined as [48,49]:

Fd,e(t) = Cd,ebr(t) + kd,evr(t) )

Finally, the effect of the friction damper may be mimicked via the extended Kelvin-Voigt model.
The definition of the equivalent damping force involves three components: (i) a viscous damping
component which is expressed in terms of a damping coefficient, ¢, s [SN/m], and the relative velocity,
0, (t) [m/s]; (ii) an elastic component which is expressed in terms of a stiffness coefficient, k;, £ [N/m],
and the relative displacement, v,(t) [m], and (iii) a friction component defined in terms of a static
friction force, f; [N] (where, f; = u-N, being i the friction coefficient [-] and N the normal force [N])
and a symbolic function, sgn(i)y(t)) (which returns —1, 0, and 1 in case 0, (t) < 0, v,(t) = 0 and 0,(t) > 0,
respectively). The equivalent damping force of this damper may be expressed as [50]:

Fd,f(t) = Cd/fl}r(t) + kd,fvy(t) +ff-sgn(z}r(t)) (10)

These damping devices are usually located at a certain distance, x. [m], of the lower anchorage
of the stay cable (Figure 2) due to constructive limitations. Nevertheless, due to their mechanical
characteristics, they can have influence on both the damping and the natural frequencies (locking
effect) of the stay cable.

3.2. Modelling the Wind Action

Subsequently, the effect of the wind-induced forces was simulated numerically. The wind
simulation was carried out under the assumption that the cable is a cylinder immersed in a turbulent
flow [2]. Hence, the wind flow is composed of three components: (i) a mean wind velocity, U [m/s]; (ii)
a fluctuating longitudinal velocity, u(¢) [m/s]; and (iii) a fluctuating transversal velocity, v(t) [m/s].

The wind forces can be decomposed into a mean and a fluctuating component assuming the
following hypothesis: (i) a quasi-steady behavior of the wind-induced forces; and (ii) small components
of the turbulence with respect to the mean wind velocity, U [51]. The expression of these two
components can be expressed as follows (assuming a linearized approximation [52]):

Fp(t) = Fp + fpu(t) + foo(t) (11)

Fr(t) = Fr + fru(t) + fro(t) (12)

where Fp(t) is the drag force [N]; F(t) is the lift force [N]; Fp is the mean wind drag force; F is the
mean wind lift force; fpy (t) is the drag force induced by the longitudinal component of the wind; fi,(t)
is the lift force induced by the longitudinal component of wind; fp,(#) is the drag force induced by the
transversal component of wind; and fi,(t) is the lift force induced by the transversal component of the
wind. These magnitudes can be determined using the following relationships [2]:

Fp = 0.5pU*DCp (13)
fou(t) = pUu(t)DCp (14)
foo(t) = 0.5pUD(H)D(C, - C1 ) (15)
Fr = 0.5pU*DCy. (16)

fru(t) = pUu(t)DCy, (17)
fiolt) = 0.5pUo(t)D(CL — C}) (18)
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where p is the density of the air [kg/m3]; D is the outer diameter of the cable [m]; Cp is the drag
coefficient [-]; and Cy, the lift coefficient [-]. The coefficients C}, and C; are the derivative of Cp and
Cr, respectively, with respect to the angle a neighboring g (Figure 3). As the section of the cable is
assumed to be circular in this study, these derivatives are therefore null because of the symmetry, and
hence these two coefficients can be neglected.

Figure 3. Reference coordinate system, drag force component, lift force component, and wind
velocity components.

Finally, in order to determine the wind forces it is necessary to generate simulations of wind
velocities. For this purpose, the wave superposition spectral-based method was considered [8]. This
method allows the numerical determination of a series of wind velocities via the superposition of
trigonometric functions. On the one hand, the amplitude of these functions is obtained in terms of a
coherence function, which considers the spatial variability of the wind velocity, and the power spectral
density function of the turbulent wind velocity. On the other hand, the phase of the trigonometric
functions is generated randomly. The coherence function is defined using the relationship proposes by
Davenport [53]. The power spectral density function proposed by the European guidelines [54] was
considered herein.

4. Application Example

The proposed motion-based design method under uncertainty conditions was validated herein
via the design of three passive damping devices when they are used to control the wind-induced
vibrations of the longest cable of a real bridge. For this purpose, the Alamillo bridge (Seville, Spain)
was considered (Figure 4). The length of the deck of this bridge is 200 m. Unlike most cable-stayed
bridges, the Alamillo bridge has not back-stays. An inclination of its pylon of 32° with respect to the
vertical axis compensates the lack of the back-stays [55]. A total of 26 stays (13 parallel pairs) with a
longitudinal separation of 12 m guarantees an adequate connection between the deck and the pylon.

Longest cable
¥ (considered in this study)

134m

Figure 4. Illustrative scheme of the Alamillo bridge.
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Previous research reported that the longest stay cable of this bridge, which has both a low damping
and mass ratio, was prone to vibrate due to the wind action. Concretely, it was detected that the
main sources of vibration of this cable were the rain-wind interaction phenomenon and the turbulent
component of the wind action [56]. Therefore, this stay cable was considered as a benchmark to
validate the performance of the proposed design method. For this purpose, three different passive
damping devices (viscous, elastomeric and friction dampers) were designed according to the proposed
method, and the results obtained were compared with the ones provided by a conventional method
adopted by the Standards [6]. Additionally, the uncertainty associated with the variation of the modal
properties of the cable due to the modifications of the operational and environmental conditions was
taken into account in this design process. The development of this case-study was organized in the
following steps: (i) a FE model of the cable was built and its numerical modal properties were obtained
via a numerical modal analysis; (ii) a transient analysis was performed to evaluate the vibration
serviceability limit state of the structure; (iii) as this limit state was not met, the three passive damping
devices were designed according to both methods (the new proposal and the conventional one); and
(iv) finally, the results obtained were compared and some conclusions were drawn to close the section.

4.1. FE Model and Numerical Modal Analysis

The FE model of the cable was built using the software Ansys [57]. The geometrical and mechanical
properties of the cable under study were as follows: (i) its length, L = 2.92 x 102 m; (ii) its outer
diameter, D = 0.20 m; (iii) the effective area of its cross section, A = 8.38 X 1072 m?; (iv) the effective
moment of inertia, I = 5.58 x 107 m*; (v) its mass per unit length, m = 60 kg/m; (vi) an axial force,
H = 413 x10° N; (vii) a Young’s modulus, E = 1.6 X 10" N/m?; and (viii) the angle between the
cable and the deck, y = 26°. The cable was modelled by a mesh of 100 equal-length beam elements
(BEAM188). In order to simulate numerically the sag effect, a nonlinear static analysis was previously
performed. The objective of this preliminary analysis was to find both the initial tensional state and
pre-deformed shape of the cable. The self-weight of the cable and its initial axial force were considered
as loads for this preliminary nonlinear static analysis. Subsequently, the results of this analysis were
used to update the geometry and tensional state of the cable. Later, the linear perturbation method
was considered to perform the modal analysis [57]. Additionally, the stress stiffening effect was taken
into account to perform this modal analysis.

As result of this numerical modal analysis, the first six natural frequencies were obtained. Table 1
shows the value of these first six natural frequencies (f; being the natural frequencies of the i vibration
mode).

Table 1. Numerical natural frequencies of the cable.

Natural Frequency  f; 5 5 f, fs fo
Value [Hz] 0.452 0.905 1.351 1.802 2.254 2.706

4.2. Assessment of the Vibration Serviceability Limit State of the Cable under Uncertainty Conditions

As it was expected, according to the numerical natural frequencies obtained (Table 1), this cable
was prone to vibrate under wind action due to both the turbulent component of the wind (the first
two natural frequencies are lower than 1 Hz [58]) and the rain-wind interaction phenomenon (the
six natural frequencies are lower than 3 Hz [6]). For this reason, the assessment of the vibration
serviceability limit state of this stay cable was performed herein following the recommendations of the
Federal Highway Administration (FHWA) guidelines [6].

On the one hand, in order to avoid the wind-induced vibrations associated with the rain-wind
interaction phenomenon, it must be checked that the damping ratio of all the vibration modes, whose
natural frequencies are lower than 3 Hz, are greater than a recommended value [6,59]. In order to
determine this recommended value, the FHWA guidelines [6] establishes that the rain-wind interaction
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phenomenon can be neglected if the Scruton number, S, is greater than 10 for all the considered
vibration modes. This condition may be expressed as follows:
_ mé;
SC,i = E > 10 (19)
where &; is the damping ratio of the i vibration mode.
Thus, this requirement is equivalent to guaranteeing a minimum damping ratio for each considered
vibration mode. The minimum required damping ratio may be determined as follows:

10pD?
m

&> (20)

As expected, due to the results of previous experimental tests, the damping ratio associated with
the first six vibration modes of this cable did not meet this condition [56]. Hence, it was necessary to
increase the value of these damping ratios. A passive damping device can be designed and installed
on the cable for this purpose.

On the other hand, in order to analyze the effect of the turbulent component of wind action on the
dynamic behavior of the cable, a transient analysis was performed. As a result of this transient analysis,
the dynamic response of the cable under wind action can be obtained and the vibration serviceability
limit state of the cable can be assessed. According to the FHWA guidelines [6], this limit state is met if
the maximum displacement of the cable is lower than an allowable displacement which is defined
in terms of the user tolerance. Table 2 shows the allowable displacement of the cable in terms of the
design level required [6]. In this study, a recommended design level was established for the vibration
serviceability limit state.

Table 2. User tolerance limits for the different design levels [6].

Design Level Allowable Displacement [m] !
preferred 0.5D

recommended 1.0D

not to exceed 2.0D

1 D is the outer diameter of the cable.

Additionally, as the dynamic response of the stay cable was sensitive to the variation of its modal
properties associated with the change of the operational and environmental conditions during its
overall life cycle, a reliability analysis about the compliance of the vibration serviceability limit state
was performed. For this purpose, it was assumed that the axial force of the cable is a random variable
normally distributed. According to the results provided by Stromquist-LeVoir et al., it could be also
assumed that this random variable has a range of variation of + 10% [60]. A sample of stay cables with
different values of the axial force was generated. The vibration serviceability limit state was assessed
on this sample. For this purpose, the vibration serviceability limit state must be reformulated in order
to take into account the uncertainty conditions. According to this, this limit state is met if a reliability
index, Bs(0), is greater than an allowable reliability index, f;.

In order to compute the reliability index, fs(0), the maximum displacement of the stay cable
(obtained from the different transient analyses performed on the sample of stay cables), which
constitutes the demand of the wind action, D,(6), and the allowable displacement of the stay cable
(established by the FHWA guidelines [6]), which constitutes the capacity of the structure, Cs, were
determined. Additionally, as the wind action is defined according to a return period of 50 years,
the corresponding value of the allowable reliability index is f; = 1.35, according to the European
guidelines [34].

As a numerical method in order to both determine the sample and compute the reliability index,
Bs(0), the Monte Carlo method was considered herein. A convergence analysis was performed to
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determine the size of the sample [61]. As a result of this convergence analysis, the size of the sample
was established at 100.

Finally, in order to evaluate the demand of the wind action, D,(6), the wind forces must be
determined. For this purpose, simulations of the wind velocities were generated. The simulation of
these wind velocities was addressed employing the wave superposition spectral-based method [8]. Both
the von Karma spectra and a coherence function, as they are defined by the European guidelines [54],
were employed herein. The following design parameters were considered for the wind simulation [54]:
(i) basic wind velocity, v, 9 = 26 m/s; (ii) a directional factor, ¢, = 1; (iii) a season factor, cses = 1; (iv)
a orography factor, c,r = 1; (v) an terrain type III category (which involves a terrain factor, k, = 0.216;
a roughness length, z, = 0.3 m; and a minimum height, z,,;, = 5 m); (vi) a duration of each simulation
of 300 s; and (vii) a time step of 5 x 1073 s [62]. In this study, the wind velocities were generated at ten
different heights of the cable (resulting from dividing the cable into ten equal-length segments), as
Figure 5 depicts. This mesh density was considered for all the simulations conducted in the paper, in
order to ensure that all the obtained results were consistent. Although preliminary analyses performed
by the authors concluded that the meshing in Figure 5 was adequate for our aims (illustrating the
performance of the proposed motion-based approach), the reader should be aware of the fact that
the numerical simulation of the structural response under wind excitation depends on such mesh
density, so that further analyses are recommended. A graphical user interface [63] was developed in
the commercial software Matlab [64] to evaluate the wind action following the above guidelines.

Figure 5. Representation of the ten different heights where the wind action is applied.

The application of Equations (11) and (12) allows the wind-induced forces in terms of the wind
velocities to be computed. For this purpose, the following values for the characteristic parameters
were adopted: (i) a density of the air, p = 1.23 kg/ m?; (i) a drag coefficient, Cp = 1.2 [2]; and (iii) a lift
coefficient, C; = 0.3 [6].

Finally, a transient analysis (time history simulation) was performed for each element of the
sample. The nonlinear geometrical behavior of the stay cables was considered for this analysis. A
Newmark-beta method (an unconditionally stable method with parameters ,; = 1/4 and y,, = 1/2)
was considered to solve the transient analysis. Hence, the reliability index, $s(0), was computed from
the results of this set of transient analysis. Subsequently, the vibration serviceability limit state of the
stay cable under uncertainty conditions was assessed. Thus, the reliability index, fs (0), was lower
than the allowable reliability index, B, so this limit state was not met.

In order to improve the dynamic behavior of this stay cables, different passive damping devices
were installed at this stay cable. These passive damping devices were designed according to the
proposed method. This design problem is described in next section.
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4.3. Motion-Based Design of Passive Damping Devices under Uncertainty Conditions

Three different passive damping devices were considered for this study: (i) viscous damper; (ii)
elastomeric damper; and (iii) friction damper. The FE method was employed to simulate the behavior
of these damping devices. The software Ansys [57] was employed for this purpose. Figure 2 depicts
the mechanical models, which simulate the behavior of each damper. For each passive damper, the
following model was considered: (i) the viscous damper was modelled by a 1D element (COMBIN14)
whose characteristic parameter was the damping coefficient, c;, [sN/m]; the elastomeric damper was
also modelled by a 1D element (COMBIN14) whose characteristic parameters were the damping
coefficient, ¢z, [sN/m], and the stiffness coefficient, k;,. [N/m]; and (iii) the frictioin damper was
modelled by a 1D element (COMBIN40) whose characteristic parameters were the damping coefficient,
cd,f [sN/m)], the stiffness coefficient, kd,f [N/m], and the friction force, ff [N].

Consequently, the different dampers were implemented in the numerical model and designed
according to the motion-based design method under uncertainty conditions. The three dampers were
installed at a length of x, = 0.03L according to the recommendations of Ref. [2]. The damper-cable
interaction model is shown in Figure 2.

A search domain, [Omin, Omax], for the characteristic parameters of the dampers was included
in the optimization problem to ensure the physical meaning of the solutions obtained. The search
domain was defined as follows: (i) the lower bound of the search domain, 0,,;,, was defined as
Omin = [Cmin/kminr ffmin] (where ¢y, is the minimum value of the damping coefficient; ky;, is the
minimum value of the stiffness coefficient, and fy . is the minimum value of the friction force); and (ii)
the upper bound of the search domain, Omax, was defined as Omax = [Cmax, Kimax, fﬁ,m] (where ¢y 18
the maximum value of the damping coefficient; k;uqy is the maximum value of the stiffness coefficient,
and ff, . is the maximum value of the friction force).

The lower, ¢, and upper, ¢4, bounds of the damping coefficient were determined considering
both the requirement of the Scruton number [6] and the optimum damping coefficient of the Pacheco’s
universal curve [25]. According to this, the following bounds were established: (i) cjiy = 4.8 X
10* sN/m; and (ii) cpax = 1.64 % 10° sN/m. This search range guarantees that any solution of this
design problem avoids the occurrence of the rain-wind interaction phenomenon.

The search domain of the stiffness coefficient and the friction force were based on the results
of previous research [2]. According to these results, the following bounds were established: (i) for
the stiffness coefficient, ki = 5% 10* N/m and ke = 5% 10° N/m; and (i) for the friction force,
ft,,, = 1x10* Nand £, =4x10*N.

In order to avoid falling into a local minimum, a global computational algorithm was considered
for this optimization problem. Among the different computational algorithms, genetic algorithms were
considered herein [65] for its simplicity and great efficiency to solve structural optimization problems.

Genetic algorithms are nature-inspired computational algorithms based on Darwin’s natural
selection theory. According to this, each possible value of the characteristic parameters of the damper
is identified as a chromosome. Subsequently, each set of characteristic parameters is grouped into an
individual (parameter vector). Later, the value of this parameter vector is improved via an iterative
process where the value of the objective function is optimized. The optimization process can be
summarized in the following steps: (i) an initial random population of parameter vectors is generated;
(i) the objective function is evaluated for all the individuals; (iii) a new population is created using
three mechanisms (selection, crossover, and mutation); (iv) the objective function is evaluated for the
individuals of the new population; (v) the steps (iii) and (iv) are repeated until some convergence
criterion is met. The following parameters were considered for the considered genetic algorithms: (i)
an initial population of 5 individuals; (ii) a crossover fraction of 0.4; (iii) a mutation fraction of 0.9; and
(iv) a total number of iterations equal to 6.

As result of the optimization process, a Pareto front was obtained. Subsequently, a decision-
making problem should be solved, the selection of the best solution among the different elements of
the Pareto front. In order to address this problem, an additional condition was included. Among the
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different elements of the Pareto front, the element of the Pareto front with a lower value of the damping
coefficient was selected as best solution. The commercial software Ansys [57] and Matlab [64] were
used to solve this design problem. The results of the optimization problem are summarized in the
next sub-sections.

4.3.1. Viscous Damper

First, the motion-based design of the viscous damper under uncertainty conditions was performed.
The design problem of this viscous damper may be formulated as follows:

find © = ¢4, to minimize f(0) = ¢4,
Cmin < Cd,p < Cmax (21)

subject to{ 8:(0) > fi — 1.35.

As result of the optimization process, the damping coefficient, c; ,, was obtained. The optimum
value obtained was ¢;, = 1.06 X 10° sN/m. The reliability index for this solution was, f5(0) = 1.37,
which met the design requirements. Figure 6 shows the maximum displacement at the mid-span of the
cable damped by the viscous damper for the different elements of the sample.
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Figure 6. Maximum displacement at the mid-span of the stay cable damped by the viscous damper for
the different elements of the sample.

4.3.2. Elastomeric Damper

Subsequently, the motion-based design of the elastomeric damper under uncertainty conditions
may be addressed. The design problem of this elastomeric damper may be defined as follows:

find © = [cd,g, kd,f] to minimize £(0) = [f1, f2] = [Cd,e/ kd,g]
Cmin < Cde < Cmax (22)
subject to{  kmin < kg, < kmax
Bs(0) =B =1.35.

As result of the design process, the parameters of the elastomeric damper (c;, and k;,) were
obtained. The best solution among all the elements of the Pareto front was c;, = 1.22 X 10° sN/m and
kg, =1.30x 10° N/m. The reliability index associated with this solution is, fs(0) = 1.49, which met
the design requirements. Figure 7 shows the maximum displacement at the mid-span of the cable
damped by the elastomeric damper for the different elements of the sample.
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Figure 7. Maximum displacement at the mid-span of the stay cable with the elastomeric damper for
the different elements of the sample.

4.3.3. Friction Damper

Finally, the motion-based design of the friction damper under uncertainty conditions was
performed. The design problem of this friction damper may be formulated as follows:

find 6 = [Cd,er kd,er ff] to minimize f(e) = Ul, fz, f3] = [Cd,w kdrg, ff]

Cmin < €4,f < Cmax

kmin < kd,f < Kmax (23)
Sruin <Kf < Fhuan

‘35(9) >pr=135.

subject to

After the design process, the optimum value of the damping coefficient, stiffness coefficient,
and friction force which characterize the friction damper were obtained. The optimum solution was
caf=124x% 10° sN/m, ki =6.74% 10* N/m and fr=295x 10* N. The reliability index associated
with this solution was Bs(8) = 1.55, which met the design requirements. Figure 8 shows the maximum
displacement at the mid-span of the cable damped by the friction damper for the different elements of
the sample.
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Figure 8. Maximum displacement at the mid-span of the stay cable damped by the friction damper for
the different elements of the sample.

4.4. Discussion of Results

Finally, the performance of the proposed method was validated comparing the abovementioned
results with the ones provided by a conventional one, the optimum damping coefficient of the Pacheco’s
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universal curve [25]. This optimum value for a viscous damper can be determined using the following

relationship:
me1
T

L

Copt = 0.10 (24)
where w = 2nf; is the fundamental angular natural frequency of the stay cable [rad/s] and x. is the
distance between the anchorage of the cable and the point where the damper is implemented (Figure 2).
As in the remaining cases, the viscous damper is located at the point, x. = 0.03L, with respect to the
lower anchorage. The optimum damping coefficient, according to this conventional method for the
viscous damper was Copt = 1.64 X 10° sN/m.

Thus, two main conclusions may be obtained via the comparison of the abovementioned results:
(i) the motion-based design method under uncertainty conditions allows reduction of the characteristic
parameter of the viscous damper by about 35% with respect to the conventional method; and (ii) for
this case-study, the viscous damper appears to be the best choice to control the dynamic response of
the longest cable of the Alamillo bridge, as a minimum value of the damping coefficient was obtained
for this passive damper. The proposed method allows a better adjustment to the design requirements
of the problem, reducing, as consequence, the size and the cost of the passive damping devices. Hence,
the performance of the motion-based design method, for this particular problem, has been validated.

5. Conclusions

Stay cables are prone to vibrate under wind-induced vibrations, so that passive damping devices
are usually employed to control their response. Nevertheless, the performance of these damping
devices is directly affected by the sensitivity of the stay cables to both the variability of the external
actions and the modification of the constitutive modal properties of the cables induced by the changes of
the operational and environmental conditions. Accordingly, it is necessary to establish design methods
which overcome these limitations and can be easily implemented for practical engineering applications.

For this purpose, a motion-based design method under uncertainty conditions was proposed
and implemented herein. In this approach, the design problem is transformed into a constrained
multi-objective optimization problem. Thus, the different components of the multi-objective function
are defined in terms of the characteristic parameters of the considered passive damping device; and
an inequality constraint is additionally included to guarantee an acceptable probability of failure of
the structural system. As design criterion to evaluate the probability of failure, the compliance of the
vibration serviceability limit state (according to the FHWA guidelines) was considered. Therefore,
the computation of the probability of failure was performed via a reliability index. In this manner,
the compliance of the vibration serviceability limit state is met if the reliability index is greater than
an allowable value (according to the European guidelines). A sampling technique, the Monte Carlo
method, was considered to determine numerically this index.

The performance of the method was validated numerically via its implementation for the design
of three different passive damping devices (viscous, elastomeric, and friction dampers) when they are
used to control the wind-induced vibrations of the longest stay cable of the Alamillo bridge (Seville).
To this end, the effects of the rain-wind interaction phenomenon and the turbulent component of
the wind action were considered as excitation sources. Additionally, and for comparison purposes,
the passive damping devices were also designed according to a conventional method. As result
of this study, a clear reduction of the values of the characteristic parameters of the dampers was
obtained when the motion-based design method was applied, when compared to the results of the
conventional method. Thus, the proposed method allows improvement of the design of passive
damping devices for stay cables under wind-induced vibrations considering uncertainty conditions.
This improvement is reflected in a reduction of both the size and the budget of the devices, which
facilitates its installation. Nevertheless, despite the good performance of the proposed approach,
further studies are recommended to validate experimentally the long-term behavior of passive damping
devices designed according to this proposal.
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Abstract: This study explores the effectiveness of shared tuned mass damper (STMD) in
reducing seismic pounding of adjacent buildings. The dynamics of STMDs is explored through
numerical simulations of buildings idealized as single and multiple degree of freedom oscillators.
An optimization method proposed in the literature is revisited. It is shown that the optimization
results in two different solutions. The first one corresponds to the device being tuned to one of the
buildings it is attached to. The second solution corresponds to a very stiff system where the TMD
mass hardly moves. This solution, which has been described as an STMD in the literature, is shown
to be impractical due to its high stiffness and use of a heavy stationary mass that plays no role in
response mitigation but adds unnecessary load to the structure. Furthermore, it is shown that the
second solution is equivalent to a viscous coupling of the two buildings. As for the properly tuned
solution, i.e., the first solution, sharing the device with an adjacent building was found to provide
no added benefits compared to when it is placed on one of the buildings. Based on results from a
large set of real earthquake ground motions, it is shown that sharing a TMD mass with an adjacent
building, in contrary to what is reported in the literature, is not an effective strategy.

Keywords: adjacent buildings; seismic pounding; tuned mass damper

1. Introduction

Seismic pounding refers to the collision of adjacent structures during earthquakes. When closely
spaced structures vibrate out of phase, they might pound against each other. Pounding can cause
local damage at the contact region. In addition, the impact generates short-duration acceleration
pulse that can adversely affect the pounding buildings and their contents (see, for example, Abdel
Raheem [1], and references therein). Such effects have been documented during past earthquakes.
Miari et al. [2] and Abdel Raheem et al. [3] provide very good reviews of seismic pounding and
refer to many studies describing pounding observed during past earthquakes. Various methods of
modeling pounding and computation of structural response have been discussed in the literature (see,
for example, Dimitrakopoulos, [4]).

Pounding can be avoided if adjacent buildings are adequately separated, but there is large
uncertainty in just how much separation is adequate. Architectural and financial factors often dictate
separation distance between buildings in metropolitan areas where land is expensive and scarce.
Mitigation of seismic pounding is, therefore, an important structural engineering problem. One
approach is to reduce the consequences of pounding, while the other is to reduce probabilities of
pounding. Collision shear walls have been found to be effective in reducing the consequences of
pounding (Anagnostopoulos and Karamaneas, [5]). Elastic gap devices (see, for example, Dicleli, [6]),
have been shown to be effective in mitigating damage caused by pounding.
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Several solutions for reducing probabilities of pounding between adjacent structures have been
proposed in the literature. These solutions range from connecting adjacent buildings with springs
and viscous/viscoelastic dashpots (Jankowski and Mahmoud, [7]; Richardson et al., [8,9]; Patel and
Jangid, [10,11]; and Tubaldji, [12]). Friction dampers and viscous fluid dampers have also been proposed
for mitigation of pounding risk (see, for example, Pratesi et al., [13] and Sorace and Terenzi, [14]).

Active, semi-active, and fuzzy control using magneto-rheological dampers have also been shown
to be effective for seismic pounding mitigation (see, for example, Abdeddaim et al., [15]; Uz and
Hadi, [16]). Pounding risk may be reduced by controlling the vibrations of adjacent structures. Tuned
mass dampers (TMDs) for vibration control have been extensively studied in the literature (see, for
example, Cao and Li, [17] or the review by Elias and Matsagar, [18]).

The risk of pounding in base-isolated buildings is higher due to large displacements concentrated
at the isolation level (Agagnostopoulos and Spiliopoulos, [19]). Controlling displacement demands on
base-isolated structures has been investigated using different strategies in the literature. These strategies
include the use of tuned liquid column dampers [20], and tuned mass dampers located at different
locations of the host buildings [20-23]. Coupling of base isolation system with tuned mass
damper inerter systems is reported in De Domenico and Ricciardi [24], Hashimoto et al. [25] and
De Domenico et al. [26]. Other strategies for displacement control of base-isolated buildings include
the use of gap dampers [27].

While several studies on active and semi-active dampers for pounding mitigation are available in
the literature, very few have tested passive TMDs for this purpose. The only work we are aware of
in this regard is that of Abdullah et al. [28]. The idea was extended to semi-active TMD by Kim [29].
Abdullah et al. [28] presented the concept of a shared TMD to reduce vibrations and seismic pounding
between adjacent buildings. Their optimal solution is to connect the TMD mass with a spring to one of
the buildings and with a dashpot to the other building. If effective, this device could be advantageous
due to its simplicity and low cost compared to active control schemes. One of the main appeals
of this scheme is that the mass of the shared TMD is only half the mass of two TMDs installed on
individual buildings.

Abdullah et al. [28] reported that the device is very effective in controlling vibrations and
pounding between adjacent buildings. Upon closer inspection, we find that the solution presented
by Abdullah et al. [28] is neither a tuned mass damper, nor optimal in mitigating pounding, and
needs revisiting. The main objective of this paper is to investigate the dynamics of adjacent buildings
connected by a tuned mass damper. We use single degree of freedom (SDOF) and multiple degree of
freedom (MDOF) representations of buildings and several earthquake ground motions for numerical
simulations to investigate the parameters of TMDs for optimal control of structural displacements
and pounding.

2. Conceptual and Mathematical Model of Shared TMDs (STMD)

For conceptual convenience, let us consider two single degree of freedom (SDOF) systems
connected by a shared TMD as shown in Figure 1. The SDOFs are simplified representations of
buildings A and B, and their masses, stiffnesses, and damping coefficients are denoted as my4, mp; ka,
kp; and cp, cp, respectively. The mass, stiffness and damping coefficient of the tuned mass damper are
denoted by m, k, and ¢, respectively. An alternate scheme is to connect the TMD mass to building A
with a dashpot and to building B with a spring.
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Figure 1. Schematic representation of a tuned mass damper (TMD) shared by two buildings modeled
as single degree of freedom (SDOF) systems.

The system mass, stiffness, and damping matrices are given below.

ka+k 0 -k
K= 0 kg O e
—k 0 k
ma 0 0
M=| 0 mg O 2)
0 0
CA 0 0
C=| 0 cgtc -c 3)
0 —c c
and the state matrix is defined as
0 I
S=| _Mmk -Mm-lc @)

where I is an identity matrix. The performance (or cost) function, as defined by Abdullah et al. (2001)
is the trace of a matrix L, which satisfies the following Lyapunov equation.

LS+S"L+Q =0, (©)

where Q is a weighting matrix that assigns different importance to the displacements (and/or velocities)
at the different degrees of freedom of the system. The design problem is then to estimate k and c that
minimize the trace of L, denoted hereafter by |. The weighting matrix is taken as Q17 = 1 and all other
elements as 0.

3. Numerical Study

We present several numerical studies, starting with SDOF systems subjected to some example
ground motions. MDOF systems and a large set of ground motions are considered next. The section
starts with an example of an optimization problem to gain insight into the properties of STMDs.

3.1. An Optimization Example

An example of the optimization problem is presented here. The properties of buildings A and
B are fixed for numerical simulations. Their frequencies are taken as 6.04 and 7.58 rad/s, and the
damping ratio is 5% for both. The frequencies are the same as those of the two buildings studied by
Abdullah et al. [28]. The mass of the two buildings are equal, and the mass of the TMD is expressed as

a fraction of the mass of building A, i.e., m = pam,. The frequency of the TMD is denoted by w = \/z,

m
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and the frequency ratio is defined as f = j:-. The damping ratio of the TMD, expressed in terms of
the mass and frequency of the TMD, is denoted by C. The variables of interest are therefore f and C.

Figure 2 shows the variation of the cost function with the frequency ratio and damping ratio of the
TMD. The cost function has two minima, which correspond to two solutions. There is a local minimum
near a frequency ratio of 1. This minimum is more prominent for lower damping ratios. The global
minima occur at much larger frequency ratios, ranging from about 10 to about 90 for damping ratios
from 0.4 to 0.05. It is interesting to note that the amplitudes of the global minima are not very sensitive
to damping ratios of the TMD.

0.45
— (=005
—(=0.1
04 =02
—(=03
035+ —— (=04

Cost function (J)
(=]
o =
N W

021

0.15
10

10° 10! 107
Frequency ratio (f)

Figure 2. Variation of the cost function with frequency ratio and damping ratio of the TMD. Themass
of the TMD is taken as 3% of the mass of building A in this example.

It is then interesting to investigate whether the solution that minimizes | corresponds to minimum
displacements of the two buildings and minimizes the separation distance required to prevent pounding.
This distance is the largest negative relative displacement between the two buildings and is hereafter
referred to as the pounding distance. To investigate this, we use the north-south component of the El
Centro ground motion from the 1940 Imperial Valley Earthquake and simulate the response of the two
buildings and STMD with varying frequency and damping ratios.

The results are shown in Figure 3. The maximum displacement of the two buildings are shown on
the top panel. The maximum stroke of the TMD is shown in the bottom left panel. Here, stroke is
defined as the relative displacement of the TMD mass from building A. Pounding distance is shown
in the bottom right panel. For comparison, the response of uncontrolled buildings is shown with
black dashed lines. Another scenario considered is where an optimally tuned (based on Sadek, [30])
TMD is placed on building A whereas building B is uncontrolled. In this case, the frequency tuning
ratio is 0.96 and the damping ratio is 0.22. The results corresponding to this are shown with dashed
blue lines. The results show that the local minima, similar to those observed in Figure 2, occurs in
the displacement response of building A when the TMD is tuned to the frequency of the building.
However, the combination of f and C that minimizes | does not necessarily minimize the displacement
of building A. For example, for f approximately equal to 1, a damping ratio of 10% is required to
minimize |, whereas 5% damping ratio minimizes the peak displacement of building A. This can be
explained by the larger stroke of the device when the damping ratio is low, as is clearly seen in the
bottom right panel of Figure 3. The optimal solution near f ~ 1 is not effective in controlling the peak
response of building B.
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Figure 3. Peak displacement of building A, displacement of building B, stroke of the TMD, and
minimum separation.

It is also interesting to note that the locally optimal solution (f ~ 1) of the shared TMD is more
effective in controlling peak response of building A, and with a much smaller damping ratio than when
the TMD is placed only on building A. This indicates that sharing a TMD with an adjacent building
can increase its effectiveness without adversely affecting the response of the adjacent building. This,
however, comes at a cost of increased stroke of the device, which is due to low damping values of the
locally optimal STMD, as is evident from the bottom left panel of Figure 3. The stroke of the locally
optimal STMD is much larger than the stroke of the TMD placed on building A.

As the frequency ratio is increased, the displacement response of both the buildings show a
decreasing trend followed by an increasing trend. This trend is also visible in the cost function shown
in Figure 2. If we consider the minima (based on the cost function) at a higher frequency ratio as
the global minima, the optimal frequency ratio decreases with increasing damping, and the optimal
solutions are more effective than TMD placed on building A alone. However, these optimal solutions
correspond to very stiff springs in the TMD. For a damping ratio as large as 40%, the optimal frequency
ratio is about 10. With a mass ratio of 3%, the stiffness of the TMD is about 3 times the stiffness of
building A. From a practical point of view, it might not feasible to construct a TMD which is so much
stiffer than the building it rests on. Such a solution, although not realistic, will be hereafter referred to
as a globally optimal solution referring to the cost function.

At the locally optimal solution, the shared TMD reduces the minimum separation distance to
some extent. As the frequency ratio and damping ratio are increased, the pounding distance decreases
further. With a very stiff TMD and sufficiently high damping ratio, it appears the pounding distance
can be reduced to a large extent. While this seems like a plausible mitigation strategy against pounding,
it is deficient in both conceptual and practical terms. In practical terms, having a TMD 3 times stiffer
than the building itself is not attractive. The conceptual deficiency is that such a stiff device cannot be
considered as a TMD. This can be better understood by inspecting the results shown in the bottom
left panel of Figure 3. Irrespective of the damping ratio, as the frequency ratio increases above 1, the
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stroke of the TMD reduces rapidly, and for a frequency ratio of 10, the device does not move relative to
building A. Therefore, the device is not acting like a TMD and any reduction in response is due to
the coupling of the two buildings with a viscous damping device. It is also interesting to note that
unlike the cost function which increases after the global minima, the pounding distance decreases with
increasing frequency ratio.

3.2. Equivalence of STMD and Viscous Coupling of the Two Buildings

Based on the discussion above, it is apparent that a very stiff TMD is equivalent, in terms of
structural response reduction, to a viscous dashpot coupling the two buildings. To illustrate this
point better, we modify the system shown in Figure 1 by lumping the TMD mass on building A, and
connecting the two buildings by the same viscous dashpot as that used in the STMD. The resulting
system has only two degrees of freedom with masses (11, + m) and m;,, connected by a dashpot c.
The mass (11, + m1) is connected to the ground by spring and dashpot k, and c,, while m, is connected to
the ground by spring and dashpot ky, and cy,. The peak response of this modified system is divided by
the peak response of the system with STMD. The ratio of peak displacement of building A is presented,
for the El Centro ground motion, as a function of frequency ratio and damping ratio in Figure 4. When
the shared TMD is near resonance with building A, it is more effective than viscous coupling alone.
However, as the frequency ratio is increased, the two systems approach each other, and for a frequency
ratio greater than about 20, there is no difference between the two systems. This helps us conclude that
STMD optimized on the global minima of the cost function is not a tuned mass damper, as the mass is
neither tuned to the structure, nor does it play any part in reducing structural response. In this sense, it
is illogical to use additional TMD mass and a very stiff spring element, when the same effect can be
obtained by just connecting the two buildings with a viscous dashpot.
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Figure 4. The ratio of maximum displacement of building A when the two buildings are connected by
a viscous dashpot and an STMD.
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3.3. Examination with MDOF Systems

Here we examine the results and conclusions obtained for two SDOF buildings with MDOF
models of two buildings. The selected buildings are the same as those used by Abdullah et al. [28].
Building A has a mass of 3.1752 x 10° kg, and stiffness of 3.404 x 108 N/m on each floor. Building B
has a mass of 3.6287 x 10° kg and stiffness of 6.127 x 10% on each floor. Both buildings have 8 floors
with a damping coefficient of 100 Ns/m on each floor. Fundamental frequencies of buildings A and B
are 6.04, and 7.58 rad/s, respectively. The mass of the TMD is 54,430 kg. Abdullah et al. [28] present
two cases as optimal solutions. Case 1 corresponds to attaching the TMD mass to building A by a
dashpot and building B by a spring. Case 2 corresponds to a spring connection with building A and
dashpot connection to building B. Case 2 was found to be more effective and is considered here for
further analysis. Abdullah et al. [28] arrived at this solution by specifying weights equal to 1 for the
displacements in the top four floors of building A and 0 for all other displacements and velocities in
defining the Q matrix

The cost function for this example is presented in Figure 5. The frequency ratio, for this system,
is defined as the frequency of the STMD divided by the fundamental frequency of building A. Like
the cost function for SDOF buildings shown in Figure 2, the cost function of these MDOF buildings
sharing a TMD displays two minima for each damping ratio. The first minima, which is larger than the
second one, occurs near the resonance of STMD mass with the first mode of building A. The second
minimum occurs at a much larger frequency ratio. The optimal stiffness presented by Abdullah et al.
(2001) is 1.786 x 108 N/m, which is about 50% of the stiffness of each of the floors of building A. Based
on this stiffness, the frequency of STMD is 57.28 rad/s, which corresponds to a frequency ratio of 9.48.
The optimal damping coefficient reported by Abdullah et al. [28] is 1.809E6, which, for this frequency
ratio corresponds to a damping ratio of 0.29 for the STMD. It is then clear that the optimal solution
reported in Abdullah et al. [28] corresponds to the global minima of the cost function (see purple line

in Figure 4).
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Figure 5. The cost function for the two eight-storey buildings presented in Abdullah et al. [28] as a
function of frequency and damping ratios.
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Variation of the peak displacements of buildings A and B with frequency ratio and damping
ratio is shown in Figure 6. The solution considered optimal by Abdullah et al. [28] is indicated in the
figure with red dots. The response of building A, to which the STMD mass is connected by a spring, is
optimally controlled when the frequency ratio is close to 1, and the damping ratio is low. This solution,
however, is not effective in controlling the response of building B. The optimal solution, based on the
global minima of ], as denoted by red dots, is effective in controlling pounding as well as reducing the
response of both the buildings. However, the solution uses a very stiff spring, and the TMD mass does
not move relative to building A.
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Figure 6. Peak roof displacements, device stroke, and the minimum separation distance between two
buildings connected by an STMD. The optimal solution presented in Abdullah [28] is shown with red
dots. The results correspond to El Centro ground motion.

This can be confirmed from the low stroke of the device as shown in Figure 6. The STMD mass,
in the solution presented by Abdullah et al. [28] is essentially motionless and does not function as
intended. The solution, therefore, is not a tuned mass damper as its frequency is much larger than the
frequency of the buildings it is attached to. In fact, it can be verified that the same response reduction
can be achieved by coupling the two buildings with a dashpot. If we consider the optimal solution
as the one near resonance of STMD with building A, the STMD is not very effective in controlling
pounding between the buildings.

3.4. Effectiveness of STMDs

Based on the results and arguments presented above, the stiff solution cannot be considered as a
shared TMD. However, we can define a shared TMD in such a way that it is tuned to the frequency
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of building A, for example. This solution would correspond to the frequency ratio in the vicinity of
1. An optimal STMD in this context would correspond to the one that minimizes the cost function
] in the vicinity of resonance with building A. The example presented above shows that this STMD
marginally reduces the pounding distance for the El Centro ground motion. To test if this observation
can be generalized to different ground motions and quantify the effectiveness in reducing pounding
distance, we use several ground motion records for dynamic analysis of the system. The ground
motion records are taken from the European Strong Motion Database [31]. The database contains 462
ground motion records from 110 earthquakes recorded in Europe and the Middle East. The ground
motions are obtained from earthquakes with a moment magnitude of 4.2 to 7.6. The range of epicentral
distance is 1 to 558 km, and that of peak ground acceleration (PGA) is 0.9% to 91% of acceleration
due to gravity. The strong motion duration, defined as the interval covering 5-95% of Arias Intensity
is in the range of 1.2 s to 139 s. Response spectra and duration of these ground motions have been
presented in Rupakhety and Sigbjornsson [32,33]. More details about this database can be found in
Ambraseys et al. [34].

Optimal parameters of the STMD are estimated by minimizing the cost function using a genetic
algorithm. Population size is taken as 50 and the initial population follows uniform distribution in
the specified bounds. Elite count is set to 5% of the population. Crossover fraction is set to 0.8 and
migration fraction is set to 0.2. The selection criterion is stochastic uniform and mutation are Gaussian.
The ‘ga’ function in Matlab™ with default options was used to implement the algorithm. Different
scenarios are simulated: (i) both the buildings are uncontrolled; (ii) TMD is used in building A only, the
parameters of the TMD are optimized based on Sadek’s (1997) equations; (iii) the STMD is connected
with a spring to building A, and a dashpot to building B. These cases are denoted hereafter as UC
(uncontrolled), AC (building A controlled), and SC (controlled with STMD), respectively. In all cases,
the TMD mass is taken as 1% of the mass of building A.

Peak roof displacement of building A and pounding distance corresponding to the 462 earthquake
ground motions are presented in Figure 7. The response of the uncontrolled and controlled structures
are plotted on the abscissa and ordinate, respectively. The diagonal lines in the figure correspond to
the equal response of uncontrolled and controlled structures. The results show that the TMDs result
in reduction of peak roof displacement of building A in almost all the ground motions. When the
displacement of the uncontrolled structure is small, the response reduction obtained by the TMD is
not very significant. However, as the ground motions get more demanding, the effectiveness of the
TMD:s is higher. For the most severe case (that producing the highest response of the uncontrolled
structure), the TMD reduces the response by about 50%. However, it is interesting to note that when
the TMD is shared with building B, its effectiveness in controlling the response of building A remains
almost unchanged for all the ground motions considered in this study. This shows that sharing the
TMD with building B does not reduce its effectiveness. The shared TMD is not effective in controlling
the response of building B. Neither does it provide any advantage in reducing the pounding distance
between the two buildings. The optimal STMD, therefore, does not provide any clear advantage over
the TMD installed on building A alone.

The mean (over 462 ground motions) ratios between the pounding distance of the AC controlled
and SC controlled structures to that of the uncontrolled structure are 0.79 and 0.76, respectively.
Controlling building A alone is, on average, about 3% less effective than using an STMD. The stiffnesses
of AC and SC schemes are 8.96 x 10> N/m and 9.68 x 10° N/m, respectively. Their damping coefficients
are 4.73 x 10* kg/s and 2.27 x 10* kg/s. This shows that the SC scheme results in similar performance
like the AC scheme, but with a much smaller dashpot. This might be, in theory, an advantage of
sharing the device. However, there might be practical difficulties in properly connecting the dashpot
between the two buildings, and suitability of the scheme needs to be judged on a case by case basis.
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Figure 7. Roof displacement of building A (left) and minimum separation distance to avoid pounding
(right) when subjected to 462 earthquake ground motions. The abscissa and ordinate correspond to
uncontrolled and controlled structures, respectively.

To illustrate the effectiveness of AC and SC schemes in reducing the minimum separation distance
between the two buildings, reduction ratio, which is defined as minimum separation distance of the
controlled building divided by that of the uncontrolled building is shown in Figure 8. The smaller this
ratio, the more effective is the control scheme. Effectiveness is investigated against different ground
motion and structural response parameters. Only those ground motions with PGA larger than 0.2 g
are used in the figure. Here, g represents acceleration due to gravity. Ground motions weaker than this
are not considered as they were found to cause a low risk of pounding. Figure 8c shows two different
clusters of data, one below ~25 s, and the other to its right. The cluster to the right has very few data
points, and any apparent trend in this cluster is not reliable. When duration is less than 25 s, the
Pearson correlation coefficient between reduction ratio and duration is —0.44 with a p-value of 0.0011,
which shows that the correlation is statistically significant, and not by random chance. Figure 8b
shows that the effectiveness of the TMDs is independent of PGA. There seems to be a weak negative
correlation between the pounding distance of the uncontrolled structure and the effectiveness of TMD
schemes. The Pearson correlation coefficient was found to be —0.17 with a large p-value of 0.21, which
means that any apparent trend in the data is statistically insignificant. The same observation can be
made in Figure 8d, which shows that the effectiveness of TMD schemes is independent of spectral
displacement at the fundamental period of the uncontrolled structure. In all these cases, there is no
significant difference between the SC and AC schemes, which means that sharing the TMD does not
seem to provide additional benefit in preventing pounding.

We next compare the effectiveness of the SC scheme to that of the AC scheme for different mass
ratios of the TMD. Mass of the TMD is taken as 1%, 2%, and 3% of the total mass of building A.
The optimal solutions for these mass ratios were found with frequency ratios of 1.02, 1.04, and 1.04 and
damping ratios of 7%, 11%, and 13%. The effectiveness of the devices is quantified by the mean ratios
of pounding distance of SC and AC schemes to that of uncontrolled structure, denoted by rsc and 74¢
respectively. A value of this ratio less than 1 means the control systems, on average, reduce pounding
distance. These ratios are shown in Figure 9. As the mass ratio increases, the performance of SC is
better than that of AC. However, even for a mass ratio of 3%, which corresponds to 24% of floor mass,
the SC scheme is only about 6% better than the AC scheme. We repeated the analysis with different
frequencies of the two buildings and arrived at similar results.
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4. Conclusions

This study revisits the idea of shared TMD for mitigation of seismic pounding between adjacent
buildings. Dynamics of an optimal solution reported to be effective in Abdullah et al. [28] is investigated
in detail to arrive at the following conclusions.

1. The solution proposed in the literature does not act like a tuned mass damper. The mass of the
device is not tuned to the structure it is connected to; it is very stiff and as a result, the device does
not move. Any reduction in response resulting from such devices is due to the viscous coupling
of the two buildings rather than the tuned vibration of the STMD mass. Our results show that a
similar level of effectiveness can be achieved without the TMD mass, simply by coupling the two
buildings by a viscous dashpot. This eliminates the need for extra costs required to support the
additional mass of the TMD.

2. The cost function for optimization of STMDs displays two minima, one near resonance of the
device with one of the buildings, and the other at a frequency much larger than that of the
buildings. The solution near the resonance is a tuned mass damper, while the other one is
equivalent to the viscous coupling of two buildings.

3. For a large set of 462 ground motions, an optimal TMD placed on one of the buildings alone
was found to be almost as effective as an STMD tuned to the building both in controlling roof
displacement of the building and pounding distance with an adjacent building. The trouble of
sharing the TMD with another building is therefore not worthwhile.
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Abstract: In this paper, we investigate the design of distributed damping systems (DDSs) for the
overall seismic protection of multiple adjacent buildings. The considered DDSs contain interstory
dampers implemented inside the buildings and also interbuilding damping links. The design objectives
include mitigating the buildings seismic response by reducing the interstory-drift and story-acceleration
peak-values and producing small interbuilding approachings to decrease the risk of interbuilding
collisions. Designing high-performance DDS configurations requires determining convenient damper
positions and computing proper values for the damper parameters. That allocation-tuning optimization
problem can pose serious computational difficulties for large-scale multibuilding systems. The design
methodology proposed in this work—(i) is based on an effective matrix formulation of the damped
multibuilding system; (ii) follows an He, approach to define an objective function with fast-evaluation
characteristics; (iii) exploits the computational advantages of the current state-of-the-art genetic algorithm
solvers, including the usage of hybrid discrete-continuous optimization and parallel computing;
and (iv) allows setting actuation schemes of particular interest such as full-linked configurations or
nonactuated buildings. To illustrate the main features of the presented methodology, we consider
a system of five adjacent multistory buildings and design three full-linked DDS configurations with
a different number of actuated buildings. The obtained results confirm the flexibility and effectiveness
of the proposed design approach and demonstrate the high-performance characteristics of the devised
DDS configurations.

Keywords: energy-dissipation systems; distributed damping systems; optimal placement; multibuilding
systems; seismic protection; hybrid genetic algorithm; parallel computing; pounding protection

1. Introduction

Over the last few years, an increasing research effort has been invested in the analysis, design and
implementation of distributed damping systems (DDSs) for seismic protection of buildings and civil
structures [1,2]. That kind of passive energy-dissipation systems is formed by a set of damping elements
installed at suitable locations of the structure. DDSs are simple, reliable and robust and, when properly
designed, are able to produce a remarkable reduction of the overall seismic vibrational response [3-5].
Broadly speaking, three main issues related to the damping elements have to be addressed in DDS design—(i)
technical setup determination, (ii) allocation and (iii) tuning. Determination of the technical setup is a preliminary
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step, which is strongly conditioned by the particular problem under consideration and involves selecting
a particular kind of damping devices and, possibly, setting other technical characteristics such as the type of
damper mounting, maximum damping capacity or maximum stroke [6,7]. It can also include some overall
characteristics as the total number of allowed dampers or the overall damping capacity. The allocation
problem requires determining a suitable set of structural positions to implement the dampers, and the tuning
problem consists in computing adequate values for the damper parameters. For a given technical setup,
the allocation and tuning issues are clearly interlinked and both must be simultaneously solved in order
to obtain a DDS design with high-performance characteristics. The combined allocation-tuning problem
can be formulated as a constrained optimization problem, with a set of decision variables that describes the
different allocation schemes and parameter values of the damping devices, an objective function that allows
evaluating the suitability of the corresponding DDSs, and a system of constraints that incorporate relevant
features of the considered technical setup. To solve allocation-tuning optimization problems (ATOPs), a wide
variety of computational strategies have been proposed, which include specialized optimization methods
[8-12] and adaptations of general-purpose optimization algorithms [13-15]. Specialized optimization
methods are specifically designed for particular kinds of ATOPs and, sometimes, can produce remarkably
effective results for the considered problem. However, it should be highlighted that solving ATOPs
for large structural systems can be a hard computational task, due to a number of factors such as high
dimensionality, the combination of discrete and continuous decision variables, the presence of complex
structural constraints, and the computational cost associated to the evaluation of the objective function.
In this context, taking advantage of state-of-the-art general-purpose optimization solvers can be an element
of critical relevance.

The general goal of the paper is to design high-performance DDSs for seismic protection of
multibuilding systems (MBSs) formed by a row of 1 adjacent buildings as the one schematically displayed
in Figure 1. There certainly exists a large number of works on DDS design for single buildings in
the literature; some recent discussions on the topic can be found in References [5-7,15,16]. For the
particular case of m = 2 adjacent buildings, the number of references is remarkably smaller but yet
significant. Works in this line include different kinds of interbuilding damping devices [17-19] and
actuation schemes [20-22]. In contrast, to our best knowledge, the more general case of DDS design for
MBSs with m > 3 adjacent buildings remains practically unexplored.

To keep the complexity of the considered problem within a reasonable level, in this work we assume
that all the buildings have identical dynamic characteristics [20,21]. That choice allows simplifying
the notations in the overall mathematical model and can help to clarify the effects produced by the
DDS, which otherwise could be confounded by the action of the distinct building responses. Moreover,
as rows of adjacent identical buildings is a quite common arrangement in residential areas, the selected
MBS configuration can be considered as a case of potential practical interest [23]. Also for simplicity,
the buildings are modeled as linear planar frames and the damping devices are assumed to be fluid viscous
dampers (FVDs), which have proved to be effective energy-dissipation elements in structural vibration
control and bring the modeling advantage of admitting a reasonably linear representation [7]. Attending to
the structural placement, the DDS can contain two different kinds of dampers—(i) interstory dampers,
which are implemented between consecutive stories of the same building and produce a resistant force
proportional to the corresponding interstory velocity and (ii) interbuilding dampers, which are implemented
as linking elements between stories located at the same level in adjacent buildings and produce a resistant
force proportional to the relative velocity of the linked stories. The DDS can also include two types of
building damping configurations of particular interest—(i) nonactuated buildings, which do not contain
any interstory damper and (ii) linked buildings, which are linked to all their adjacent buildings by means
of interbuilding dampers. For instance, in the MBS presented in Figure 1, buildings B®2) and B®) are
nonactuated; buildings B(1), B2 and B®) are linked; B®) is only partially linked and B is unlinked.
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It should be observed that the DDS implementation can be carried out without internal modifications
of nonactuated buildings, which can be an important factor in retrofitting. The relevance of linked
configurations lies in the fact that they can help to mitigate the vibrational response of nonactuated
buildings and can also provide an effective protection against interbuilding impacts (pounding) [22,23].
To incorporate those aspects in the DDS design and reducing the number of optimization variables,
we introduce the schemes of allowed damper positions, which specify the interstory and interbuilding locations
where the dampers can be implemented. Finally, we complete the technical setup determination by setting
the maximum damping capacity of the dampers, the overall maximum damping capacity of the DDS and
the total number of allowed damping elements.
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Figure 1. System of m = 5 adjacent buildings equipped with a distributed set of interstory and
interbuilding dampers.

In order to define the ATOP, the generic goal of improving the overall seismic response of the MBS is
formulated as a triplet of particular design objectives: (i) reducing the magnitude of the buildings interstory
drifts, (ii) reducing the magnitude of the buildings floor accelerations and (iii) reducing the interbuilding
approachings. Objectives (i) and (ii) are applicable to single-building designs, and are respectively
associated to the protection of the buildings structural and nonstructural elements [16,24]. Objective (iii) is
specific to MBS designs and is associated to avoiding interbuilding impacts, which can produce severe
damage to both structural and nonstructural elements. In order to obtain a computationally effective
procedure, we select the overall vector of interstory drifts as controlled output and follow a single-objective
Heo approach [25,26]. That choice sets the reduction of interstory drifts as the primary objective and,
at the same time, is able to produce positive results in mitigating the story accelerations [22]. As for
design objective (iii), reduction of interbuilding approachings can be attained by enforcing a full-linked
configuration in the optimization constraints [27,28]. Computationally, the selected He, objective-function
avoids conducting numerical simulations of seismic time-responses and admits a fast evaluation using the
hinfnorm function of the Matlab Robust Control Toolbox [29,30]. The ATOP solutions are obtained with
the genetic algorithm (GA) solver provided by the Matlab Global Optimization Toolbox, which allows
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using hybrid sets of discrete and continuous optimization variables, permits defining a sufficiently wide
variety of optimization constraints and facilitates an easy implementation of parallel computing [31].
To demonstrate the flexibility of the proposed methodology, three different DDSs are designed for the
seismic protection of a MBS formed by m = 5 adjacent five-story buildings. After that, a proper set of
numerical simulations are conducted using the full-scale 180-component of the El Centro 1940 seismic
record as ground acceleration disturbance. The obtained results corroborate the effectiveness of the
proposed design procedure and confirm its computational efficiency for large-scale problems.

The content of the rest of the paper is as follows—in Section 2, a general mathematical model for
plain and damped MBSs is presented. The main elements of the optimization procedure are discussed
in Section 3. In Section 4, three different DDSs for a five-building system are designed. In Section 5,
the corresponding seismic time-responses are computed and compared. Finally, in Section 6, some brief
conclusions and future research lines are provided.

Remark 1. To reduce the problem complexity and facilitate an effective computational solution, a number of model
simplifications have been introduced in the paper, which should be carefully considered for a proper understanding
of the scope and applicability of the proposed design methodology. Specifically, buildings are considered as linear
multistory planar frames with stories of the same height. In the multibuilding systems, all the buildings are identical,
with the same mass, stiffness and damping matrices, and there are no vertical differences between stories placed at the
same level in different buildings. The damping elements are ideal linear dampers and the damping constants can
take any real value in a prescribed interval. The interbuilding separations are assumed to be large enough to avoid
interbuilding impacts. Additionally, the effect of some relevant elements such as the soil-structure interaction and
the seismic wave propagation have been neglected.

Remark 2. The considered problem requires a complex system of notations. To obtain a more organized and clear
presentation, throughout this paper symbols related to interstory elements will be usually marked with hats and
those corresponding to interbuilding elements will be signaled with tildes. When convenient, overlines will be used
to distinguish some elements related to the overall MBS. Thus, for example, fi; will denote the number of interstory
dampers in building BY), the number of interbuilding dampers between buildings BY) and BUHY) will be indicated
by ij, and the overall number of degrees of freedom in the MBS will be represented by 7.

2. Mathematical Model

In this section we present mathematical models for the dynamical response of MBSs equipped with
a distributed set of interstory and interbuilding FVDs. The proposed models are fully formulated in matrix
form and include state-space representations to facilitate an efficient computational implementation,
which is a factor of critical relevance in the practical application of the design procedure.

2.1. Plain Building Model

Let us consider a MBS system formed by a row of 1 adjacent n-story buildings with identical dynamic
characteristics. In the plain configuration, we assume that the buildings damping is only due to the effect of
the structural damping, and the dynamical response of building BU) can be modeled in the following form:

My (1) + Cpg (1) + Kpq ) (1) = —My[1],,,q (), (1)

where qU)(t) = [¢}(t),...,qh(t)]" is the vector of story displacements with respect to the ground
(see Figure 2); My, C;, and K}, are the building mass, damping and stiffness matrices, respectively, which are
common to all the buildings; [1],,,.; is a column vector of size n with all its entries equal to one; and @(t) is
the acceleration of the seismic ground disturbance. The building mass matrix has the diagonal form

230



Appl. Sci. 2020, 10, 2383

M, = diag[my,..., my,] = , (3]
My

where 111; is the mass of the ith story. The stiffness matrix has the following tridiagonal structure:

k1 +ky —ky
—ka  katks —ks
K, = , ®3)
_kn—l knfl + kn _kn
—ky kn

where k; is the stiffness coefficient of the ith story. The stiffness matrix can be computed in the form

K, = Pdiag[ky, ..., k,] P, 4)

where diag[ky, ..., k;] is the diagonal matrix defined by the story stiffness coefficients and P € R"*" is the
upper band-diagonal matrix

1 -1
1 -1

P= / ®)

1 -1

1

with the following elements:

[P]i,jzl, i:1,...,11,

[Plijy1=-1, i=1,...,n—-1, (6)
[Pl;j =0, otherwise.

When the story damping coefficients c;, i = 1, ...,n are known, the structure of the building damping
matrix Cj, is similar to the structure of the stiffness matrix in Equation (3) and can be computed in the
following form:

C, = Pdiag[cy, ..., cq] PT. 7)

Frequently, however, the damping coefficients c; cannot be properly determined and an approximate
damping matrix C; is computed by setting a suitable damping ratio on some of the building vibration
modes [32]. Specifically, for the five-building model used in the numerical examples discussed in Sections 4
and 5, the matrix Cj, has been computed as a Rayleigh damping matrix by setting a 2% of relative damping
in the first and fifth modes (see Equation (70)).
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w(t)

- |

Figure 2. Schematic mechanical model of a five-story building equlpped w1th a dlstrlbuted system of fi; =3

supplemental interstory dampers implemented at the story levels pl =1, p2 =3and p3 =4

2.2. Interstory and Interbuilding Damping Models

The dynamical response of building BO can be improved by introducing a system of 0 < #; < n
additional interstory dampers CU) = [p\), e0)], where el [cl, A ] is the list of damping coefficients
and pt) [pjl, . pn is a list that contains the story levels at Wthh the dampers are implemented.

The dynamical response of building BY) equipped with the additional interstory damping system C(/) can
be modeled in the form

M;q") (1) + [Cp + €D gV (1) + Kpq (1) = —My[1],,,.1 (1), ®)

where the damping matrix Cl/) can be computed as
P i ema T
cl) = pl) dlag[cll,. ..,c{%/} {p(])} )

by considering the diagonal matrix diag[@{, . 6],;11] and the location matrix PU) € R"*% formed by the

columns of the matrix P indicated in the placement list p/). Thus, for example, the system of additional
interstory dampers in Figure 2 contains #; = 3 dampers located at the story positions Y = [1,3,4].
The corresponding placement and diagonal matrices are, respectively,

1 0 0 ,
0 -1 0 , &g 0 0

PO=10 1 -1, diagld,&,é&l=1| o & 0 (10)
0 0 1 0 0 ¢&
0 0 0

and the matrix of additional interstory damping has the following form:
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g 0 0 0 0
o & -4 o0 o0
CV=1|0 -& &+éd -& o]- an
o o0 =& & o
0 0 0 0 0

Improving the dynamical response of nonactuated buildings and reducing the pounding risk between
adjacent buildings can be achieved by introducing proper systems of additional interbuilding dampers
cli) = [ﬁ(f),é(j)], where ¢0) = [541"'/5{1,‘] is the list of damping coefficients, ﬁ(f) = [ﬁ{,. . .,ﬁé/] is a list
that contains the story levels between buildings B () and BU+Y) at which the interbuilding dampers are
implemented, and 7; is the number of dampers in €. To compute the dynamical response of the buildings
subjected to the action of interbuilding damping systems we define the interbuilding damping matrix C)
associated to the damping system CU/) as

¢l) = pU) diag[d, .. .,5{11],] (PN, (12)

where diag[E{, . ’5{7/} is the diagonal matrix defined by the list of damping coefficients ¢/) and the

location matrix PU) € R"*" contains the columns of the identity matrix I, indicated in the list of damper
positions #(). Thus, for example, the system of additional interbuilding dampers C(2) implemented
between buildings B(2) and B®) in Figure 1 contains 7i; = 3 dampers with coefficients ¢(2) = [3,8,8],
which are located at the story levels 7 =[1,3,5]. The corresponding placement and diagonal matrices
are, respectively,

100
000 & 0

PP =101 0|, diagl3, 33 =0 & 0 (13)
000 0 &
001

and the matrix of additional interbuilding damping is

2

& 0000
0000 0

C?@=1]100a&00 (14
0000 0
000 0 &

For an m-building system equipped with the set of interstory and interbuilding damping systems
cW,...,ctm, ¢, ., ctm1) the dynamical response of building BU) can be described by the model

My (6) + £ (1) + Ko (1) = ~Ms[1], (1), (15)
where the term f,(ij ) (t) denotes the total damping force acting on BU). Using the damping matrix C()

defined in Equation (12), the total damping force fl(il) (t) acting on the initial building B() can be written

in the following form:

£0(t) = [+ €D+ W] gV (1) - €M g® (1); (16)
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for an interior building B 0, j=2,...,m—1,wehave

fg)(t) = —CU=Dgi=D ) + [Cb +e4ei-b 4 a(;‘)] qi) (1) — €N g+ v (p; a7)

and for the final building B("), we obtain
f;m)(t) — _é(mfl)q(mfl)(t) + {Ch + é(n1)+ E(m—l)} q(m)(t). (18)

Remark 3. For notational convenience, we will assume that a nonactuated building B ) is equipped with an empty
system of interstory dampers CU) = [pU), e0)], where pU) and eU) are empty lists and the number of dampers is
fij = 0. In that case, we agree that CU) = [0],1n. Analogously, when there are no dampers implemented between
buildings BY) and BU+Y) we will consider an empty system of interbuilding dampers CU) = [p\), &), where pU)
and &) are empty lists. Also in that case, we have fij = 0 and set CO) = [0]1n-

2.3. Owverall Multibuilding Model

By considering the overall vector of displacements

q(t) = : , (19)
q"(t)

the dynamical response of the overall multibuilding system can be described by the model

M(t)+ (C+C+C) () +Ka(t) = —M [Ty a(t), (20)

where 7 = m - 1 is the total number of degrees of freedom; M € R™" and K € R"™ " are the overall mass
and stiffness matrices, respectively, which have the following block-diagonal structure:

M, K,
M = diag {M,,, Vf’?,Mb] = , K = diag [K,,, (m), Kb] = PG5}
M, Ky

C € R™7 and C € R™7 are the overall matrices of structural and interstory damping, respectively,
which also have a block-diagonal structure

G, ¢
C = diag {c,,, (m), Cb] - , € = diag [é<l>,...,é<"1>] - ;2
Cy 6(’")

and C € R™7 is a matrix that models the overall interbuilding damping and has the following
block-tridiagonal structure:
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cm —cm
-c) cyc@® _c@
C= ... . (23)
_Clm=2)  ¢(m=2) + C(m-1) _(m-1)
7&(17171) é(mfl)
The matrix C can be computed as
C = Q diag [(NZ(”,...,(N:('”*1> QT (24)
where Q € R (=11 jg the block-matrix
I,
-I, I,
Q= e , (25)
_In IH
-1,

defined by blocks [QL-/]-, i=1,...,m j=1,...,m—1with the following form:

[Q]i,i:In/ i=1,....m—1,
[Q]iﬂ,i =-I, i=1,....m—1, (26)
[Qlij = [0]uxn, otherwise,

where [0],x, denotes the null matrix of dimension n x n. For example, the five-building system in
Figure 1 includes three non-empty interbuilding damping systems CM,C? and CB) with fifp =2,7ip =3,
and 7i3 = 5 dampers, respectively. It also includes one empty damping system C(4), which, according to
Remark 3, has the damping matrix C*) = [0]5.5 . In this case, we obtain the position and coefficient
block-matrices

Is [0]5><5 [0]5><5 [0}5><5
—I5 Is [0l5x5  [0]5xs o

Q= [0]s5x5 —Is5 I5 [0]5x5 |, diag C(])/C(Z)/C(3)1[0]5X5] (27)
[0]5x5  [0]sxs —Is Is

[0]5x5 [0]5x5  [0]5x5 —Is

and the overall interbuilding damping matrix has the following block structure:

c —-c [0]5x5 [0]5x5  [0]5x5
-ch ch4c®  —c® 055 [0sxs
C= [0]55 —C®@ Cc@ 4 cBd _co [0)5x5 | . (28)
[0]5x5 [0]5x5 -Cc® c® [0]5x5
[0]5x5 [0]5x5 [0]55 [05x5  [0]5x5

2.4. State-Space Model and Output Variables

By considering the state vector
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x(t) = { att) ] 29)

the overall dynamical response of the multibuilding system can be described by a first-order state-
space model

x(t) = (Ap + Ag)x(t) + Ba(t), (30)
where the matrices
| [0)axw L | [0]axa
Ay = { MK mic| P~ [[1]”1 } Gh

are constant matrices that model the dynamical response of the nonactuated MBS and

A, = { [0]5c (0] 32)

0z —M(C+CQ)

is a matrix that reflects the action of the overall system of added dampers.
The vector of interstory drifts #/)(t) = [7(t),...,7,(t)]T corresponding to building BY) has the
following components:

At =aq (), )
f{(t) — qf(t) — qffl(t), i=2,...,n
Using the matrix P in Equation (5), the vector #)(t) can be computed as
20)(t) = PTq¥) (1), (34)
and the overall vector of interstory drifts corresponding to the multibuilding system
2 (1)
W= (35)
§(m) (f)
can be obtained in the form #(t) = C; x(t) with the output-matrix
G = {diag[p, (m), p|T [o]m] . (36)
The vector of total accelerations of the jth building
a(t) = [dh(1), . b (1)) = 47 (1) + [ (t) 37)

contains the story accelerations with respect to an inertial reference frame. Using the state vector x(t),
the overall vector of total accelerations

ay=| (38)

can be computed in the form
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a(t) = — [ MK M (C+C+C) ]x(t). (39)
The vector of interbuilding approachings between buildings B7) and BU+1)

#(t) = [ (1),..., (0] = —{a" () -V (1)} (40)
describes the variation of the interbuilding separation at the different story levels. As schematically
illustrated in Figure 3, for a given interbuilding gap A;, the value A; — ?f(t) indicates the separation
between stories s/ and sf’l. Hence, positive values of the interbuilding approaching ?f (t) will produce
a reduction of the interbuilding separation, and a value ?f (t) > A; will indicate an interbuilding impact
at the ith story level. To avoid the computational complexity associated to building impacts, we will
assume that the interbuilding gaps A;,j = 1,...,m — 1 are large enough to avoid pounding. In that case,
the approaching peak-value

=) =
Finax = max <rp§0xr§(t)> (41)

obtained in numerical simulations of the seismic response can be taken as a lower bound of safe
interbuilding separation between buildings ) and BU+) for the considered seismic excitation. Using the
matrix Q in Equation (25), the overall vector of interbuilding approachings

(1)
i) =| (42)
i,(m—l)(t)
can be computed from the state vector in the form
€)= [Q (0] 1ynn| X(8). 3)

Ay

Figure 3. Interbuilding separation of the stories s{: and s{: i corresponding to the interbuilding approaching
7{ (t) = —{qfrl (t)— q{(t)} = 26 for adjacent buildings B() and BU+1) with an interbuilding gap Aj.
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3. Optimization Procedure

Due to the complexity of the considered problem, the structure of the optimization variables and
constraints is a critical issue for computational efficiency. The selected genetic algorithm (GA) optimization
solver permits simultaneously work with discrete and continuous variables. In the proposed optimization
procedure, discrete binary variables are used to indicate the damper allocations while damping capacities
are described by continuous variables. Also, two different kinds of constraints are employed: (i) preliminary
constraints, which include the scheme of allowed damper positions ¢ and the total number of damping
elements n, and (ii) solving constraints, which are regular optimization constraints imposed on the
optimization variables. The preliminary constraints are established prior to the solving phase and
determine the number and type of decision variables. The solving constraints are associated to the
optimization solver and are used in the solving phase to enforce the binary character of allocation variables
and controlling the feasibility of solutions with respect to the selected technical setup. In this section,
we provide a detailed description of the schemes of allowed damper positions and the construction of the
multibuilding model corresponding to a particular vector of optimization variables. Next, we discuss the
main features of the objective function and the solving constraints.

3.1. Allowed Damper Positions, Dampers Allocation and Damping Coefficients

In order to determine the structure of the interstory damping systems, we introduce the scheme
of allowed damper positions & = [ﬁ(1>,, .. ,?7(’")}, where () = [fr{, .. .,ﬁ%j
story levels in building BY) at which additional interstory dampers can be implemented and fjj is the
number of such allowed positions. When no additional interstory dampers are allowed in building

B, we agree that ¢0) is an empty list with 1; = 0 elements. Analogously, to specify the structure of

] is a list that indicates the

the interbuilding damping system, we introduce the scheme of allowed positions & = [¢(1),...,#("~1)],
where ¢() = [(7{,. ., (7,]-%’,] is a list that indicates the story levels between buildings B() and BU+1) at which
additional interbuilding dampers can be implemented and 7; is the number of those allowed positions.
Also in this case, the value 7j; = 0 indicates that () is an empty list and that no interbuilding dampers can
be implemented between BU) and BU*1). The overall scheme of allowed damper positions

7= [{7(1) L om &)

s

,.._/,}(W*l)} (44)

m—1 ~

has 77 = 7 + 7] elements with 7j = 217-”:1 fjand 7] = Z}:l 7jj- To illustrate the introduced definitions, let us
consider the scheme of allowed damper positions for the three-building system displayed in Figure 4,
which permits implementing interstory dampers at the story levels 1-3 in buildings B(1) and B®) (blue
dashed squares) and interbuilding dampers at the interbuilding levels 4 and 5 (red dotted squares). In this
case, we have

oW =123 ¢@=[] ¢®=0,23 ¢D=[45 2 =[45

45
17123 172:0 1’7323 171:2 =2 (45)

)

with a total number of allowed damper positions 77 = 10.
To define the damper placement positions of an admissible interstory damping system for building
BU), we introduce the allocation list (/) = [ﬁc]l, e, &{?;‘]’ where &? is a binary variable that takes the values

Al
& =

{1 if an interstory damper is implemented at position [7{ in BU), 46)

0 otherwise.
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The number of interstory dampers implemented in BY) is i = 7]: 1 ﬁc; and 71 = ;”:1 fij is the
total number of interstory dampers. Analogously, the damper placement positions for an admissible
interbuilding damping system between buildings BU) and BU*1) are defined by the allocation list of binary
variables &) = [&]1, e, Ez]ﬁj}, where 545 = 1 indicates that an interbuilding damper is implemented at level

(~le . The number of dampers implemented between BU) and BU+1) is iy = 27]: 1 Ec{ and 7i = ]’-":*11 i is the

total number of interbuilding dampers. For an admissible damping system with n; dampers, the actual
damper placement positions can be described by an overall allocation list

=W, ,amam, g (47)

with the constraint 71 + 71 = n,. For the scheme of allowed damper positions in Equation (45), the damping

system displayed in Figure 4 has the following lists of allocated dampers:

2@ =1,1,0] & =] &® =11,0,1] & =1[0,1] & =[1,1] 48)
iy =2 iy =0 i3 =2 i =1 iy = 2.
The total number of allocated interstory and interbuilding dampers are 71 = 4 and 71 = 3, respectively.
The overall list of allocated dampers

am a® g 7@
_ AN AN AN AN
06:[1,1,0, 10,1, 0,1, 1,1} (49)

contains 77 = 10 elements and indicates that the overall number of allocated dampers is n; = 7.

gy 7V pe 7@ gE
o L
1 2
& i
2
il 2 &

O = s )
log i ! 1 :J o
: 1 : E3I
(- i Cop
i Bk s3 i s |

1 1

1 1 1 |
Ir:lJAl: i :
i 2l i '
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Figure 4. Schemes of allowed damper positions for a three-building system. Interstory scheme &
[0®,52,60)] with 11 = 3,7 = 0and 73 = 3 (blue dashed rectangles). Interbuilding scheme & =
[, 5] with 1 = 2 and fj, = 2 (red dotted rectangles).
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3.2. Optimization Variables and Associated Multibuilding Model

The optimization variables are organized in a list v = [&,d|, where @ = [&,. ..,Eﬁ] is the list
of dampers allocation and d = [dy,...,dy,] is the list of damping coefficients. To carry out the
optimization process, for a given list of optimization variables v = [&,d], we have to compute the
damping schemes cw .4.,(?<’”), CW),...,Cm=1) and the associated damping matrices €<1>, .. .,é<m>,
c®,...,Ctm=1) To simplify that task, we will denote by 77(L) the list of positions of the nonzero elements
in the list L = [11, ..., 1p]. We will also use the shorthands sum(L) = Y-Y_, I;; L(ix : ip) = [Ij,,...,1;,) for
iy <ip;and L(7) = [l ..., Ix,] for a list of positions 77 = [y, .. nk}.

To obtain the matrices of mterstory damping c, ] = 1,...,m, we consider the lists of allowed
interstory damper positions ol [01, . ,]/] ji=1. . Forj values with =0, there can not be
any interstory damper implemented in building BU) and we dlrectly setfi; = 0 and CU) = [0],1n- Next,

we define the cumulative numbers §y = 0, éj =11+ +1j,j > 1and, for j values with 7j; > 0, we extract
the list

al) = [5/1',. A ]= E(éj—l +1:0;) (50)

and compute the number of interstory dampers 7; = sum( 1)) allocated in BY). For j values with 7; i=0,
there are no dampers allocated in BU) and we set C() = [0];1xcn; for j values with 7; i > 0, we compute
the list of indexes #U) = 7r(al))) that contains the positions of the 71; nonzero elements in &U) and obtain
the list of interstory positions pi/) = /) (n(l)) where the 7; dampers are allocated. To compute the
corresponding list of damping coefficients, we define the cumulative numbers Ny = 0, N =+ +1
for ] >1, and extract the coefficient sublist ¢0) = d(N i1 +1: N; i). After obtaining the actuation scheme
= [pU),&\)], the associated damping matrix C'/) can be computed as indicated in Equation (9).

Analogously, to obtain the interbuilding damping matrices C/), j = 1,...,m — 1, we consider the
lists of allowed interbuilding damper positions al) = [FT{, R ﬁé}}, j=1,...,m—1. For j values with
ii; = 0, there can not be any interbuilding damper implemented between buildings 5B () and BUY, and we
setfi; =0 and CU) = [0]xn. For j values with ; > 0, we consider the cumulative numbers 6, = 0,

éj =11+ +1j j > 1, extract the sublist

&) = (&), &l ] =@+ 01+ 1:7+6) (1)
and compute the number of interbuilding dampers 7i; = sum(& (1)) allocated between BU) and BUHY. For j
values with 7i; =0, there are no dampers allocated between BY () and BU*Y), and we set C) = [0]y1xn; forj
values with 7i; > 0, we compute the list of indexes 7#0) = (&), which contains the positions of the i}
nonzero elements in @), and obtain the list of interbuilding positions /) = &) (ﬁ(/ >) where the dampers
are allocated. To compute the corresponding list of damping coefficients, we define the cumulative
numbers Ny = 0, ﬁ =i+ +1 forj > 1, and extract the sublist é0) = d(n+ N, Ni_1+1:7a+N; )
From the mterbulldmg damplng scheme CU) = [pl),&0)], the associated damping matrlx C) can be
computed as indicated in Equation (12).

To illustrate the described procedure, let us consider the scheme of allowed damper positions in
Equation (45), the overall list of allocated dampers in Equation (49) and the list of damping coefficients
d = [dy,...,dy]. First, we observe that , = 0 and set i, = 0 and c@ = [0]5x5. Next, we compute the
cumulative numbers

60=0,0,=30,=3, 6;=6. (52)
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For j = 1, we have /j; = 3 and extract the sublist

D =a(0p+1:6,) =a(1:3) =[1,1,0], (53)

which indicates that there are iy = sum(&()) = sum([1,1,0]) = 2 interstory dampers allocated in building
B, The list of positions of the nonzero elements in &) is #1) = 7([1,1,0]) = [1,2] and the list of
interstory positions where the dampers are allocated is p(V) = ¢(1) (#(1)) = o1 ([1,2]) = [1,2]. To obtain
the list of damping coefficients, we compute the cumulative numbers No =0, N1 = 2, and extract the
coefficient sublist ¢V = d(Np+1: Ny) = d(1 : 2) = [dy,d,]. After computing the interstory actuation

scheme V) = [p(1), &(D], we apply Equation (9) and obtain

di+dy —dy 0 0 0
—dy db 0 0 0
c = 0 0 0 0 © (54)
0 0 0 0 ©
0 0 0 0 ©

For j = 3, we have /)3 = 3 and obtain the sublist 8®) = &6, +1 : 83) = &(4 : 6) = [1,0,1]
and the number of dampers 73 = sum(a®)) = 2. The nonzero elements in ) are placed at positions
7B =7 1,0,1]) = [1,3], which produces the list of interstory damper positions p(3) = ¢3) (7)) =

p y per p p
#3)(]1,3]) = [1,3]. With the values i, = 0 and 713 = 2, we can complete the cumulative numbers ﬁz =2,
p
N; = 4, and extract the coefficient sublist ¢3) = d(ﬁz +1: N3) = d(3 : 4) = [d3,d4]. According to
Equation (9), the corresponding damping matrix is

s 0 0 0 0
0 di —dg 0 0
c®=10 -4 d 0 0 (55)
0o 0 0 0 0
0 0 0 0 0

To obtain the interbuilding actuation schemes C(!) and C(?), we consider the total number of allowed
interstory positions 77 = 6, the numbers of allowed interbuilding dampers 7j; = 2 and 7, = 2, and the
cumulative values §y = 0, 8; = 2 and 6, = 4. For C (1) we extract the sublist

dV =T +0+1:7+0)=x(7:8) = [0,1] (56)

and compute the number of interbuilding dampers 7i; = sum(&)) = 1 allocated between B() and
B). The corresponding list of indexes 7(1) = 7r(&(1)) = [2] produces the list of interbuilding positions
p =& (ﬁ(])) = [5] where the dampers are allocated. To obtain the list of damping coefficients,
we consider the total number of allocated interstory dampers 7 = 4 and the cumulative values Ny = 0,
N; = 1, and extract the sublist &V = d(24+ No+1: 2+ N;) = d(5 : 5) = [ds]. Next, by applying
Equation (12), we obtain the corresponding interbuilding damping matrix

c = (57)

o O O O o
O O O O O
O O O O O
O O O O O

o O O O

[
[$]
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Finally, for the interbuilding damping system ! (2>, we obtain the sublist of allocated dampers
i =@ +0,+1:7+06,) =a(9:10) = [1,1], (58)

the number of dampers 7i; = sum(&(?)) = 2, the list of indexes 7?2 = 71(&®)) = [1,2] and the cumulative
value N, = 3, which produces the list of positions p(2) = &) (ﬁ(z)) = [4,5] and the list of damping
coefficients ¢ = d(7 4+ Ny +1: 72+ Np) = d(6 : 7) = [dg, dy]. In this case, by applying Equation (12),
we get the interbuilding damping matrix

000 0 O
000 0 O

c®=1000 0 0 (59)
000 dg O
000 0 d

From matrices é(f>, j=1,...,mand (~?(j), j =1,...,m—1, we can obtain the overall damping
matrices C and C given in Equations (22) and (23), respectively, and the overall state-space model for the
damped MBS can be computed as indicated in Equation (30).

3.3. Objective Function and Optimization Constraints

For a linear system S with the state-space model

] x(t) = Ax(t) + Bw(t),
S {z(t) = Cyx(t), (60)

the Heo system-norm

7(S) = 7(A,B,C;) = sup llz]2

(61)
Iwizz0 [[Wll2

indicates the maximum energy-gain from the external disturbance w(t) to the controlled output z(t) [26,33].
Broadly speaking, the Hy, approach aims at minimizing the effect of the worst-case scenario by designing
a system S with a minimum -y-value. In our case, we consider the seismic ground acceleration @ (t)
as external disturbance and take the overall vector of interstory drifts () given in Equation (35) as
controlled output, which can be computed from the state vector using the controlled-output matrix C;
in Equation (36). As described in the previous section, a particular configuration of the DDS is specified
by a list of optimization variables v = [&, d], where @ = [&y, ..., &y] is the list of dampers allocation and
d=dy,...,dy,] is the list of damping coefficients. According to Equation (30), the corresponding damped
system S(v) admits the state-space representation

() { f*((f)) - ({:;xxb(;Axv)}x(t) +Ba(t), .

where Ay, B and C; are constant matrices and A (v) has the form indicated in Equation (32). The associated
Heo-cost of that DDS configuration is

7(v) = 7(Ap + Ay(v), B, Cp). (63)
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The GA solver included in the Matlab Global Optimization Toolbox allows working simultaneously
with discrete and continuous optimization variables. Taking advantage of that feature, the allocation
variables &y, . .., & are declared as discrete variables and the constraints

0<&<1l,i=1,...,7 (64)

are used to define them as binary variables. To specify the total number of dampers, we have to set the
condition 27=1 w; = ng. As the selected optimization solver does not admit equality constraints on the
discrete variables, we use the following pair of linear constraints to impose that condition

.Mq\

Il
—

ng—e<) a

;< ng+e, (65)

Il
=

1
where € is a small positive number. We also consider the sublists of interbuilding dampers allocation
al) = [Ecy ), ., 5457]] )], j=1,...,m—1,defined in Equation (51) and enforce a full-linked configuration by
setting the linear constraints

i G)
Z@szj:,nquL (66)

As to the continuous optimization variables dy, ..., d;,, in this work we assume that all the dampers
are FVDs with a maximum damping capacity cmax and the DDS has a maximum overall damping ciot.
Accordingly, we set the bound constraints

OSdZ‘SCmaX,i:L..,,nd (67)
and the linear constraint
g
Yo di < cror- (68)
i=1

In summary, the DDS optimal configuration can be obtained by solving the constrained optimization
problem:
_ J minimize y(v) = v(A, + A4(v), B, C;), ©9)
. subjecttov € T,

where I' denotes the set of all admissible v-lists that satisfy the system of constraints specified in
Equations (64)—(68).

Remark 4. Using the ss () function of the Matlab Control System Toolbox [34], a state-space representation of the
linear time-invariant model in Equation (60) can be created with sys=ss (A,B,Cz,0). After that, the corresponding
Heo system-norm in Equation (61) can be readily computed with the function hinfnorm of the Matlab Robust
Control Toolbox [30] in the form gamma=hinfnorm(sys).

Remark 5. It should be observed that the GA solver stops after a certain number of generations, producing only a
suboptimal solution to the optimization problem P.. Moreover, due to its stochastic character, distinct solutions are
typically obtained in different runs of the solver. From a practical point of view, however, suboptimal solutions with
small y-values are frequently able to define DDSs with high-performance characteristics and, in that sense, can be
taken as acceptable solutions to the considered design problem.
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4. DDS Designs

To illustrate the effectiveness and flexibility of the proposed design methodology, in this section
we design three different DDSs for the seismic protection of a MBS formed by a row of m = 5 identical
five-story buildings with story masses (x10° kg) my = 2.152, my = 2.092, m3 = 2.070, my = 2.048,
ms = 2.661 and story stiffness coefficients (x 108 N/m) ky = 147,k = 1.13, k3 = 0.99, ky = 0.89 and
ks = 0.84 [35]. The building damping matrix (in Ns/m)

2602 —0924 0 0 0
—0924 2196 —0810 0 0
C,=10x| 0 —0810 1995 —0728 0 (70)
0 0  —0728 1867 —0.687
0 0 0  —0687 1274

has been computed as a Rayleigh damping matrix with 2% of relative damping in the first and fifth
modes [32]. The DDSs damping devices are assumed to be linear FVDs with maximum damping capacity
Cmax = 3.0 X 107 Ns/m. The maximum DDS damping capacity has been set to cror = 1.5 x 108 Ns/m and
the total number of damping devices has been restricted to n; = 12. Also, a full-linked configuration has
been enforced on all the considered DDSs by forbidding empty interbuilding damping systems.

For the first damping configuration (DC1), we select the schemes of allowed interstory damper
positions

oM =11,2,3,4,5), 6@ =[], 6® =[1,2,3,4,5], o =[], ¢ =[1,2,3,4,5] 1)

and allowed interbuilding damper positions

7V =01,2,3,4,5, & =[1,2,3,4,5, #® =[1,2,3,4,5], ¢ =[1,2,3,4,5], (72)

which are schematically represented in Figure 5 by blue dashed and red dotted rectangles, respectively.
That configuration keeps B2 and B as nonactuated buildings and allows implementing interstory
dampers at all the interstory levels of buildings B1), B®) and B®), and interbuilding dampers at all
interbuilding positions. In the optimization variable v = [&, d|, the list of dampers allocations @ contains
77 = 35 binary variables, and the list of damping coefficients d includes n; = 12 continuous variables.
For DC1, the solution provided by the GA solver to the optimization problem in Equation (69) includes
the optimal allocation list

&) a® a®) &l a® a® a4
_ —— T T T T
«=[1,1,1,00, 1,1,1,0,0, 0,1,1,0,0, 0,0,0,1,0, 0,0,1,0,0, 0,0,1,0,0, 0,0,1,0,0], (73)

which corresponds to the system of interstory and interbuilding dampers displayed as blue and red small
dashpots in Figure 5, respectively, and the damping coefficients collected in the first row of Table 1.

244



Appl. Sci. 2020, 10, 2383

BO)

idio

dn

i

b

B
B

o

ool iulinlionl mulivlioilio

B

r dz r d5 d7
.............. ] e
|;Jd1 [ ds i

||————J| | | ||————J|

Figure 5. Damping configuration DC1. Full-linked distributed damping system (DDS) with three actuated
buildings, 1 = 8 interstory dampers and 7i = 4 interbuilding dampers.

Table 1. Values of the damping coefficients corresponding to the linked damping configurations DC1, DC2
and DC3 (%107 Ns/m).

Conf. dq dy ds dy ds de dy ds dy dio dn diz

DC1 1.4480 15137 1.3414 2.0098 2.1014 19725 15460 1.3074 0.4334 0.3683 0.8023 0.1528
DC2 1.8626 19882 1.7986 1.6611 2.1895 1.9489 1.6484 0.6311 0.4362 0.1519 0.0006  0.6828
DC3 26792 27151 2.5843 21407 0.2790 0.9873 0.7835 0.0009 1.3963 0.9310 0.0007 0.5018

The second damping configuration (DC2), schematically displayed in Figure 6, allows placing
dampers in the interstory positions

oM =], 6 =1[1,2,3,4,5], o =[], 6® =[1,2,3,4,5), ¢® =[] (74)
and the interbuilding positions
oV = [3,4,5), @ = [3,4,5), 50 = [3,4,5], 7 =[3,4,5], 75)

which constrains the placement of interstory dampers to buildings 8?) and B® and restricts the
placements of interbuilding dampers to the upper three interbuilding levels. In this second case, the total
number of optimization variables is reduced to 34, with 77 = 22 binary allocation variables and n; = 12
continuous damping-coefficient variables. The optimal solution attained by the GA solver for DC2 includes
the allocation list

a2 a@) & a2 &) a@)

_ —— N N N AN
¥=[11110, 01110 00,1, 0,0,1, 0,0,1, 1,1,0], (76)

and the damping coefficients presented in the second row of Table 1.
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Figure 6. Damping configuration DC2. Full-linked DDS with two actuated buildings, i = 7 interstory
dampers and 71 = 5 interbuilding dampers.

Finally, we consider the third damping configuration (DC3) displayed in Figure 7, which allows
placing interbuilding dampers at all interbuilding positions and restricts interstory damper implementation
to building B1). For that case, the schemes of allowed interstory and interbuilding damping positions are

ol =[1,2,3,4,5), @ =[], @ = [, o =[], 6 =[] @

and

oM =11,2,3,4,5, @ =[1,2,3,4,5, ¢ = [1,2,3,4,5, ¢ = [1,2,3,4,5), (78)

respectively, and the total number of optimization variables is 37 with 77 = 25 binary damper-allocation
variables and n; = 12 continuous damping-coefficient variables. The optimal allocation list obtained for
DC3is

&) &) 72 &3 a4
_ —— T —— — T ——
«=[1,1,11,0, 0,0,1,1,1, 0,0,1,0,1, 0,0,0,0,1, 0,1,0,0,1], (79)

and the corresponding damping coefficients are collected in the third row of Table 1.
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Figure 7. Damping configuration DC3. Full-linked DDS with a single actuated building, 7 = 4 interstory
dampers and 7 = 8 interbuilding dampers.

Looking at the damping coefficient values in Table 1 and the structure of the optimal damper
placements in Figures 5-7, the following facts can be observed: (i) damping coefficients of interbuilding
dampers are about one order of magnitude lower than those obtained for interstory dampers, (ii) interstory
dampers tend to be placed in low building levels, and (iii) interbuilding dampers are preferably allocated
at upper interbuilding positions. These facts are consistent with the results obtained in preliminary works
on DDSs for MBSs [22,23]. It can also be observed in Table 1 that there are some dampers with particularly
small damping coefficients. Specifically, damping coefficients dq; in DC2 and dg and dj; in DC3 are
remarkably small when compared with the coefficient values of all the other interstory and interbuilding
dampers. It should be noted that those small coefficients correspond to dampers placed at particularly low
interbuilding positions and can be interpreted as a numerical side-effect of constraining the overall number
of dampers to exactly n; = 12 elements. From a practical point of view, those residual dampers can be
removed without any significant loss of performance and, consequently, the DDSs corresponding to the
optimal configurations DC2 and DC3 could be implemented with a set of 11 and 10 dampers, respectively.
Regarding the optimal y-values, the data in Table 2 indicate that the considered damping configurations are
all able to produce a significant reduction of the system Heo-norm when compared with the nonactuated
MBS. In particular, an He-norm decrease around 82% is attained by DC3 and larger reductions of about
88% are achieved by DC1 and DC2. The better results obtained by DC1 and DC2 suggest a superior
performance of widely distributed interstory damping schemes. However, it is worth highlighting the
potential implementation advantages of DC3, which would only require internal modifications of building
B, As to the computational aspects, the selected GA solver has shown to be very effective in dealing
with the mixture of discrete and continuous variables, the variety of optimization constraints and the
relatively large number of optimization variables. All the presented damping configurations have been
obtained with a common random seed and using the standard parameter setting for large-scale GA
optimization problems suggested in the Matlab Global Optimization Toolbox. Considering the dimension
and complexity of the problem and the modest computing resources (see Remark 8), the computation
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times are notably short, specially when the GA solver is run in parallel mode. Finally, the large number
of objective-function evaluations required to obtain the different optimal configurations indicates that
the computational cost of evaluating the objective function can certainly be a critical bottleneck for the
overall computational effectiveness of the proposed design methodology. In that sense, the presented
matrix formulation for the damped multibuilding model has proved to be a relevant contribution.

Table 2. Computational design characteristics of the linked DDS configurations DC1, DC2 and DC3.

Conf. Act. Build. He Norm  opt. vars.  Generations funct. aval. Time (s) Parallel Time (s)
Plain conf. — 0.8090 — — — — —

DC1 1,35 0.0897 47 206 41,400 273.5 67.9

DC2 2,4 0.0970 34 161 32,400 242.8 57.5

DC3 1 0.1457 37 288 57,800 409.0 103.8

Remark 6. As suggested in the GA solver documentation for problems with a large number of optimization
variables [31], we have introduced some modifications in the default parameter setting of the solver. Specifically,
we have set the values 200 for the PopulationSize, 0.9 for the CrossoverFraction, 20 for the EliteCount and
500 for the MaxGenerations parameters. To take advantage of the CPU multi-core architecture, the GA solver has
been enforced to run in parallel mode by enabling the option UseParallel. Also, to improve the relative accuracy in
the computation of the Heo-norm, the tolerance in the function hinfnorm has been decreased to 1073 [30].

Remark 7. As indicated in Remark 5, the stochastic character of the GA solver typically produces distinct suboptimal
solutions in different runs of the solver. For simplicity, in this work the Matlab order rng(125) has been used to set
a common random seed for all the computed DDS configurations. That random seed has been arbitrarily chosen,
which confirms the effectiveness of the proposed design methodology and indicates that improved results could be
possibly obtained by exploring a wider set of random seeds [29].

Remark 8. The computation time values presented in Table 2 should only be taken as approximate references, in the
sense that small variations can be observed in the computation time of different runs of the GA solver. Moreover, the
computation time in parallel mode can be significantly affected by the available number of CPU cores. In this work,
all the computations have been carried out with Matlab 2019a on a regular desktop computer equipped with an Intel
Core i7-8700 CPU at 3.20 GHz, 16 GB RAM and a 480GB SSD hard drive.

5. Seismic Responses

To illustrate the behavior of the different DDSs designed in Section 4, we have carried out a proper
set of numerical simulations using the full-scale 180-component of El Centro 1940 seismic record as
ground acceleration disturbance (see Figure 8). Specifically, for the nonactuated MBS and the damping
configurations DC1, DC2 and DC3, we have computed the maximum absolute interstory drifts

|7 |max = omax. #,i=1,...,5j=1,...,5 (80)

the maximum absolute story total-accelerations

|u{:|max: max \a?(t)|,i:1,...,5,j:1,..,,5 (81)

0<t<Ty

and the maximum interbuilding approachings
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(ff)max = 022)7(1’) 7{“),1 =1,...,5 ] =1,...,4, (82)

where ?{ (1), a; (t) and 7{ (t) are the output variables defined in Equations (33), (37) and (40), respectively,
and T, denotes the total duration of the seismic disturbance.

acceleration m/s®

0 5 10 15 20 25 30 35 40 45 50
time (s)

Figure 8. Full-scale 180-component of El Centro 1940 ground-acceleration seismic record with an absolute
acceleration-peak of 3.417 m/s?. Data available at Strong-Motion Virtual Data Center (VDC) (ftp://
strongmotioncenter.org/vdc/smdb/1940/c/139u37el.cOa).

The obtained interstory-drift peak-values are presented in Figure 9. A global view of the plots in
that figure indicates that the three designed damping configurations are all able to produce an overall
reduction of the interstory-drift peak-values when compared with the response of the nonactuated MBS
(black solid lines with rectangles). In a more detailed inspection of the DC1 response (red solid lines with
circles), it can be appreciated that the interstory-drift peak-value reduction is particularly effective in the
actuated buildings B(1), BG) and B(%). A slightly poorer performance can be observed in the nonactuated
buildings B2 and B, whose seismic protection is provided through the linking interbuilding dampers
(see Figure 5). A similar behavior can be observed in the response of the damping configuration DC2
(blue dashed lines with asterisks), where B and B are actuated buildings and B 1), B®) and B®) are
nonactuated (see Figure 6). In this case, it is worth noting the loss of performance in the upper level of
building B, which is an effect that has been observed in previous works [22] and can be associated to
the action of the interbuilding links. Finally, for the single-actuated-building configuration DC3 (green
dotted lines with triangles), the best results are also attained in the actuated building B (1), and a moderate
but gradual increase of the interstory-drift peak-values can be observed in the nonactuated buildings as
we move away from B(). Also in this case, a loss of performance associated to the interbuilding links
can be appreciated in the upper level of the actuated building B(1). The obtained story total-acceleration
peak-values and maximum interbuilding approachings are displayed in Figures 10 and 11, respectively,
using the same colors, line styles and symbols. The plots in Figure 10 confirm that, despite having
only included the interstory drifts in the optimization index, the considered Hs, design approach can
produce a notable reduction of the acceleration peak-values. That reduction is more relevant in the
actuated buildings and smaller but yet significant in the nonactuated ones. Also in this case, it can be
appreciated the progressive loss of performance of the configuration DC3 as we move away from the only
actuated building B(). Regarding the approaching peak-values, the plots in Figure 11 show that the three
damping configurations are able to keep the interbuilding approachings within remarkably low levels.
In fact, for the considered seismic disturbance, an interbuilding gap of 3.5 cm can be considered a safe
interbuilding separation in all the cases. It is worth noting that the best approaching results are attained
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by the single-actuated-building configuration DC3, which can be explained by the stronger interbuilding

damping system of that configuration.

1
inters. drift peak (cm) inters. drift peak (cm)

172 3 45 6
inters. drift peak (cm) inters. drift peak (cm)

inters. drift peak (cm)

Figure 9. Maximum absolute interstory drifts corresponding to the nonactuated multibuilding system

(plain configuration) and the damping configurations DC1, DC2 and DC3.
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Figure 10. Maximum absolute story total-accelerations attained by the nonactuated multibuilding system

(plain configuration) and the damping configurations DC1, DC2 and DC3.
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Figure 11. Maximum interbuilding approachings produced by the nonactuated multibuilding system

(plain configuration) and the damping configurations DC1, DC2 and DC3.
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To gain a better understanding of the relevance of linked configurations in the seismic protection of
the overall MBS, we have considered an additional unlinked damping configuration DC4 (see Figure 12),
which has been obtained by removing the interbuilding dampers in the linked configuration DC2.
The interstory-drift and acceleration peak-values produced by DC4 are displayed in Figures 13 and 14,
respectively, and the corresponding maximum approachings are presented in Figure 15. The peak-values
produced by the nonactuated MBS and the linked configuration DC2 are also included in those figures
as a reference. Looking at the plots of interstory-drift peak-values in Figure 13, it can be appreciated
that the unlinked configuration DC4 (red dotted lines with triangles) produces better results than the
linked configuration DC2 in the actuated buildings B?) and B(*), but it provides null protection to the
nonactuated buildings B(), B) and B®). The plots of acceleration peak-values in Figure 14 indicate that,
in addition of providing null protection to the nonactuated buildings, the unlinked configuration DC4
attains worse results than the linked configuration DC2 in building B and the first story of building
B2). As to the interbuilding approachings, the plots in Figure 15 show that large approaching peak-values
are produced at the top level of all the buildings by the unlinked configuration DC4, which would require
interbuilding separations of about 20 cm to avoid pounding.

B B2 B®) B® BO)
|
|

-
|
]

[
|

Figure 12. Fully unlinked damping configuration DC4 obtained by suppressing the interbuilding dampers
in the linked configuration DC2.
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Figure 13. Maximum absolute interstory drifts corresponding to the nonactuated multibuilding system
(plain configuration), the linked configuration DC2 and the unlinked configuration DC4.
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Figure 14. Maximum absolute story total-accelerations attained by the nonactuated multibuilding system
(plain configuration), the linked configuration DC2 and the unlinked configuration DC4.
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Figure 15. Maximum interbuilding approachings produced by the nonactuated multibuilding system
(plain configuration), the linked configuration DC2 and the unlinked configuration DC4.

Finally, to summarize the global behavior of the nonactuated MBS and the discussed damping
configurations, we consider the overall peak-values of absolute interstory drifts

[?|lmax = max (max \f‘ﬂmax> , (83)
1<j<m \1<i<n
absolute story total-accelerations
|a|max = max (rnax \uﬂmax> (84)
1<j<m \1<i<n
and interbuilding approachings
(F)max = max (m_ax (F;)max> . (85)
1<j<m—1 \1<i<n

The obtained overall peak-values and the corresponding He,-norms are collected in Table 3. The data
in the table indicate that, with respect to the nonactuated MBS, the DDS configurations DC1 and DC2
produce reductions of about 50% in the overall interstory-drift peak-value and around 40% in the overall
acceleration peak-value. The overall reductions attained by the single-actuated-building configuration DC3
are around 40% in the interstory-drift and slightly below 30% in the acceleration responses. The overall
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maximum approaches are around 3 cm for DC1 and DC2 and inferior to 2 cm for DC3. Those values
indicate that the linked DDSs obtained with the proposed design strategy can provide an overall seismic
protection for the MBS. At the same time, the values corresponding to DC4 illustrate the inefficacy of
unlinked configurations in mitigating the interstory-drift and acceleration seismic response of the overall
MBS and clearly demonstrate their possible detrimental effects on pounding risk.

Table 3. Ho norm and overall maximum peak-values corresponding to the nonactuated multibuilding
system (plain configuration), the linked configurations DC1, DC2 and DC3, and the unlinked
configuration DC4.

Conf. Act. Build. Heo Norm Max. drift (cm) Max. accel. (m/s?) Max. Approach. (cm)

Plain — 0.8090 538 9.62 0.00
DC1 1,35 0.0897 2.56 5.71 2.70
DC2 2,4 0.0970 2.76 5.62 3.15
DC3 1 0.1457 3.25 7.02 1.92
DC4 2,4 0.6272 5.38 9.62 20.05

Remark 9. The plots in Figure 15 indicate that null interbuilding approachings are produced by the nonactuated
MBS, which can be explained by the synchronized response of the identical buildings subjected to the same seismic
excitation. From a practical point of view, however, it should be observed that there are a number of factors, such as
the differential variation of the building structural parameters over time, the effect of live loads (weight of persons,
furniture, equipment, movable partitions, etc.) or the soil-structure interaction, that can brake the ideal synchrony of
the buildings response and, consequently, increase the risk of pounding.

6. Conclusions

In this work, we have investigated the design of distributed damping systems (DDSs) for the overall
seismic protection of multiple adjacent buildings. The considered DDSs include two different kinds
of damping devices: interstory dampers, which are implemented inside the buildings, and external
interbuilding damping links. To keep the problem complexity within reasonable limits, we have assumed
that the damping elements are linear fluid viscous dampers and the buildings have been considered as
linear planar frames with identical dynamic characteristics. The main objective of the study is designing
suitable DDS configurations that are able to mitigate the buildings seismic response by reducing the
interstory-drift and story-acceleration peak-values and, at the same time, are capable of cutting down
the risk of interbuilding collisions (pounding) by producing small interbuilding approachings. Typically,
designing high-performance DDSs involves solving a mixed allocation-tuning optimization problem,
which includes both determining convenient damper positions and computing proper values for the
damper parameters. The proposed design methodology is based on an effective matrix formulation
of the damped multibuilding system, follows an He approach that permits avoiding costly numerical
simulations of seismic time-responses, exploits the computational advantages of state-of-the-art genetic
algorithm (GA) solvers, and allows setting actuation schemes of particular interest such as full-linked
configurations or nonactuated buildings. To illustrate the main features of the presented design strategy,
three different DDS configurations have been computed for a system of five adjacent multistory buildings.
Also, to explore the performance characteristics of the obtained DDS configurations, a convenient set of
numerical simulations of the corresponding seismic responses have been carried out using the full-scale
180-component of El Centro 1940 seismic record as ground acceleration input. Considering the obtained
results, the following points can be highlighted: (i) properly designed DDSs can provide an overall seismic
protection to systems of multiple adjacent buildings, being able to mitigate the buildings seismic response
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and reduce the pounding risk; (ii) full-linked DDS configurations should be used to attain the seismic
protection of nonactuated buildings and to produce low levels of pounding risk; (iii) a simultaneous
reduction of the buildings interstory-drift and story-accelerations peak values can be attained with the
considered He, approach; (iv) the proposed design methodology is highly flexible, being able to produce
high-performance DDS configurations for a wide variety of actuation schemes; and (v) the proposed
approach is computationally effective in dealing with large-scale problems. Regarding that last point,
it should be observed that computational efficiency is a critical factor in DDS design of multibuilding
problems. In this context, a fast evaluation of the objective function and the possibility of running the GA
solver in parallel mode are elements of singular relevance.

After the positive results obtained in the present work, we believe that further research effort should
be invested in obtaining a deeper understanding of the problem and removing some of the model
simplifications introduced in this paper. In that sense, some lines of particular interest include the
usage of inerter-based vibration absorbers [36,37], the study of the effects of interstory and interbuilding
velocities on the multibulding damper allocation problem [38,39], the analysis of the effects produced by
soil-structure interaction [40] and seismic-wave propagation [41] on large multibulding problems, and the
formulation of extended design strategies for elastic-plastic structures [42] and/or nonlinear damping
devices [43].
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