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Preface to ”Advanced DC-DC Power Converters and
Switching Converters”

Nowadays, power electronics is an enabling technology in the energy development scenario.

Furthermore, power electronics is strictly linked with several fields of technological growth, such

as consumer electronics, IT and communications, electrical networks, utilities, industrial drives

and robotics, and transportation and automotive sectors. Moreover, the widespread use of power

electronics enables cost savings and minimization of losses in several technology applications

required for sustainable economic growth. The topologies of DC–DC power converters and

switching converters are under continuous development and deserve special attention to highlight

the advantages and disadvantages for use increasingly oriented towards green and sustainable

development. DC–DC converter topologies are developed in consideration of higher efficiency,

reliable control switching strategies, and fault-tolerant configurations. Several types of switching

converter topologies are involved in isolated DC–DC converter and nonisolated DC–DC converter

solutions operating in hard-switching and soft-switching conditions. Switching converters have

applications in a broad range of areas in both low and high power densities. The articles presented in

the Special Issue titled “Advanced DC–DC Power Converters and Switching Converters” consolidate

the work on the investigation of the switching converter topology considering the technological

advances offered by innovative wide-bandgap devices and performance optimization methods in

control strategies used and also in the design of the passive components such as high-frequency

isolation transformers. The articles concern switching converter topics such as the following:

• New switching converter topologies for power electronics applications;

• Control and optimization of switching converter circuits;

• Innovative power devices in switching converter applications;

• Advanced DC–DC converters for power supply applications;

• Switching converters in smart grid applications and energy transmission systems;

• Advanced switching converters for renewable energy conversion;

• Advanced DC–DC converters for energy storage systems;

• Switching converters in automotive and traction systems.

From an overview of the articles presented, the issues of the role of converters in the generation

of renewable energy and optimization in smart electricity grids together with the problems of

recharging batteries for both energy storage systems and electric traction are predominant. As can

be seen from the contributions offered, the key role of new semiconductor devices and advanced

converter topologies allows a significant contribution to improving energy efficiency. Due to global

problems such as the greenhouse effect, energy shortages, and sustainable mobility, a considerable

effort is required towards the use of renewable energy and electrical transmission, storage, and

implementation systems in the development of livable urban agglomerations and global life quality.

Energy conversion via switching converters plays a crucial role in the development of these necessary

technological needs. The studies and results presented, while not exhaustive, move in the direction

of a further step towards continuous improvement to which we are all called in our research work.

Each small research contribution acts in the growth of the quality of life for the well-being of present

and especially future generations.

Salvatore Musumeci

                              Editor
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Abstract: A novel interleaved high step-up DC–DC converter applied for applications in photovoltaic
systems is proposed in this paper. The proposed configuration is composed of three-winding coupled
inductors, voltage multiplier cells and a clamp circuit. The step-up voltage gain is effectively increased,
owing to the voltage-stack and voltage-lift techniques using the voltage multiplier cells. The leakage
inductor energy is recycled by the clamp circuit to avoid the voltage surge on a power switch.
The low-voltage-rated power switches with low on-state resistances and costs can be used to decrease
the conduction losses and increase the conversion efficiency when the voltage stresses of power
switches for the converter are considerably lower than the high output voltage. The reverse-recovery
problems of diodes are mitigated by the leakage inductances of the coupled inductors. Moreover,
both the input current ripple and the current stress on each power switch are reduced, owing to the
interleaved operation. The operating principle and steady-state analysis of the proposed converter
are thoroughly presented herein. A controller network is designed to diminish the effect of the
variations of input voltage and output load on the output voltage. Finally, the experimental results
for a 1 kW prototype with 28–380 V voltage conversion are shown to demonstrate its effectiveness
and performance.

Keywords: interleaved operation; three-winding coupled inductor; high step-up DC–DC converter

1. Introduction

Because of the fast exhaustion of fossil fuels and the global warming problem, much research
has been developed to cope with green energy sources, such as the fuel cells, photovoltaic power
(PV power) or wind power. Generally, a single-phase 220 Vac grid-connected photovoltaic system
requires a DC bus voltage of 380–420 V to provide the requirement for a full-bridge DC–AC inverter.
Regrettably, the output voltages of individual PV modules are ordinarily lower than 40 V in household
applications [1]. Thus, a high step-up DC–DC converter is necessary to serve as a voltage boosting cell
between the PV modules and the AC power generation unit [2–4].

For a traditional boost converter, an extreme duty ratio operation has to be realized to obtain a high
voltage gain. However, it will result in large current ripples, high conduction losses, reverse-recovery
problems for diodes, and electromagnetic interference problems [5]. In addition, the voltage stresses
on the power switches and diodes are equal to the high output voltage. Thus, high-voltage-rated
MOSFETs with high on-state resistance and diodes with high forward voltage drop should be used,

Energies 2020, 13, 2537; doi:10.3390/en13102537 www.mdpi.com/journal/energies1
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which leads to lower efficiency due to high conduction losses. To proceed, isolated power converters,
such as a conventional flyback DC–DC converter, can derive a high voltage gain by adopting a high
transformer turns ratio, which results in a large leakage inductance. A large leakage inductance will
cause a much higher voltage spike on the power switch and more power dissipations. Consequently,
the aforementioned converters are not proper for use in a high step-up voltage gain application.

To overcome the above problems in high voltage gain applications, many high step-up converters
have been presented in the literature. Coupled inductors have been adopted to obtain a high voltage
gain in the non-isolated converters, because the turns ratio can be served as a control freedom to
enlarge the voltage gain [6–10]. Recently, a three-winding coupled inductor has also been applied
to a lot of high step-up DC–DC converters to achieve higher voltage gains [11–13]. In [14–19], the
switched-inductor and/or switched-capacitor step-up converters are presented to derive a high voltage
gain, owing to their simpler structure and operation. A double-duty technique was applied in the
high step-up voltage gain applications with two distinct duty ratios for the power switches in [20,21].
The parallel structure on the input side with interleaved operation can be utilized to increase the
power level and reduce the input current ripple. The voltage multiplier cells were also applied to
the interleaved high step-up converters in [22–24]. The built-in transformer technique for obtaining
a high step-up conversion ratio is presented in [25–27]. The interleaved DC–DC converters with
three-winding coupled inductors in [28–30] exhibited a high voltage gain and better current sharing
performance simultaneously.

An IA novel interleaved high step-up DC–DC converter is proposed in this paper. It contains
three-winding coupled inductors, voltage multiplier cells and a clamp circuit. The voltage-stack and
voltage-lift techniques are adopted to extend the voltage gain by means of the voltage multiplier cells.
The clamp circuit is utilized to recycle the leakage inductor energy and clamp the voltage stress of
power switches. The advantages of the proposed high step-up converter are as follows:

(1) By designing a proper turns ratio for the coupled inductors, the high voltage conversion ratio can
be obtained whilst operating at an appropriate duty ratio.

(2) The voltage stresses on the power switches are greatly less than the output voltage, so the power
switches with lower on-state resistances are utilized to decrease the conduction losses.

(3) The power switches achieve zero-current switching at turn on, and the switching losses can
thereby be reduced.

(4) The diode reverse-recovery problem is effectively alleviated by the leakage inductances of the
coupled inductors.

(5) The leakage inductor energy can be recycled to suppress the voltage spikes on the power switches.

A prototype of 1 kW was implemented in the laboratory to verify the theoretical analysis and
the performance of the proposed interleaved high step-up converter. The remainder of this paper
is organized as follows. In Section 2, the circuit description is given, and the operating principle
is presented in detail simultaneously. Section 3 shows the steady-state analysis. The performance
comparison with existing converters is also presented. The closed-loop controller design is provided in
Section 4. Section 5 provides the experimental results of a laboratory prototype. Finally, the conclusion
of this paper is given in Section 6.

2. Circuit Description and Operating Principle

Figure 1 shows the circuit topology of the proposed converter. Two three-winding coupled
inductors with the same number of turns are included in the proposed converter. The primary,
secondary and tertiary windings are denoted by N1, N2 and N3, respectively. The coupling reference is
indicated by and ∗. The primary windings are parallel connected to process the large input current
and serve as the filter inductors in the conventional boost converter. The secondary windings are
connected in series to constitute the voltage multiplier cell I, which is inserted between the clamp
circuit and the output high voltage side to lift the output voltage. The tertiary windings are in series
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connection to constitute the voltage multiplier cell II, which is stacked on the output capacitor C1 to
enlarge the voltage conversion ratio.

 
Figure 1. Circuit configuration of the proposed converter.

The coupled inductor is modeled as an ideal transformer with a defined turns ratio, which is
in parallel with a magnetizing inductor and in series with a leakage inductor.Lm1 and Lm2 represent
the magnetizing inductances, while Lk1 and Lk2 represent the leakage inductances. Assuming that
the number of turns N3 is equal to N2. n is defined as the turns ratio with n = N2/N1 =N3/N1.
The equivalent circuit of the proposed converter is illustrated in Figure 2, where S1 and S2 are the
power switches; Dc1 and Dc2 are the clamp diodes; Cc is the clamp capacitor; D�1 and D�2 are the lift
diodes; C�1 and C�2 are the lift capacitors; Ds1 and Ds2 are the switched diodes; C1, C2 and C3 are the
output capacitors; Do is the output diode; Vin is the input voltage; Vo is the output voltage; and R is the
output load.

 

Figure 2. Equivalent circuit of the proposed converter.

The proposed converter operates in continuous conduction mode (CCM). The gate signals of the
power switches are interleaved with 180 phase shift, the duty ratios are the same, and they are greater
than 0.5. The theoretical waveforms are shown in Figure 3. In CCM operation, the operating mode of
the proposed converter can be partitioned into eight stages over one switching period. Figure 4 shows
the corresponding circuit models for the eight operating stages.
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Figure 3. Theoretical waveforms of the proposed converter.

Stage 1 [ t0 ∼ t1]: The equivalent circuit of this stage is depicted in Figure 4a. At t = t0, the
power switch S1 starts to turn on with zero-current switching (ZCS) operation, owing to the leakage
inductance Lk1, and S2 is still in a turn-on state. The diodes Dc1, Dc2, D�1, D�2 and Ds2 are reversed
biased, and Do as well as Ds1 are still turned on. The current through Lk1 increases rapidly from zero,
while the currents through the secondary and tertiary windings of the coupled inductors decrease.
The current falling rates through Do and Ds1 are controlled by the leakage inductances Lk1 and Lk2, such
that the diode reverse recovery problem is alleviated. The stored energy in the magnetizing inductor
Lm1 is transferred to the output side via the secondary and tertiary windings of the coupled inductors.
The following equations are valid:

ip2 = −ip1 = n(iDo + iDs1) (1)

iLk1 = iLm1 + ip1 = iLm1 − n(iDo + iDs1) (2)

As the leakage inductor current iLk1 reaches the magnetizing inductor current iLm1, this stage ends.
At the same time, the currents through the diodes Do and Ds1 fall to zero, and Do and Ds1 are turned
offwith ZCS operation.

Stage 2 [ t1 ∼ t2]: The power switches S1 and S2 remain in a turn-on state, and all of the diodes
are in a turn-off state. Figure 4b depicts the corresponding operating circuit. The currents through

4
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inductors Lm1, Lk1, Lm2 and Lk2 increase linearly because these inductors are charged from the input
DC source. The leakage inductor currents are as follows.

iLk1(t) = iLk1(t1) +
Vin

Lm1 + Lk1
(t− t1) (3)

iLk2(t) = iLk2(t1) +
Vin

Lm2 + Lk2
(t− t1) (4)

This stage ends when S2 is turned off.
Stage 3 [ t2 ∼ t3]: In this stage, the switch S2 is in a turn-off state, and S1 keeps conducting.

The operating circuit is illustrated in Figure 4c. The clamp capacitor Cc is charged by the current iLk2
via the clamp diode Dc2. The leakage inductor energy is released to the capacitor Cc. The current iLk2
decreases linearly. The voltage across the switch S2 is clamped by the capacitor voltage VCc. The energy
stored in Lm2 is released to the capacitors C�1, C�2 and C2 via the secondary and tertiary windings of the
coupled inductors. The lift capacitors C�1 and C�2 are charged by the lift diode currents iD�1 and iD�2,
respectively. At the same time, the output capacitor C2 is charged by the current iDs2. The following
equations are valid:

ip1 = −ip2 = niDs2 + n(iD�1 + iD�2) (5)

iLk2 = iLm2 − niDs2 − n(iD�1 + iD�2) (6)

The stage finishes as iLk2 falls to zero at t = t3, and the clamp diode Dc2 becomes reverse-biased
under ZCS operation. Thus, there is no reverse recovery loss for Dc2.

Stage 4 [ t3 ∼ t4]: At the beginning time, the clamp diode Dc2 is naturally turned off when the
leakage inductor energy stored in Lk2 has fully released to the clamp capacitor Cc. The operating circuit
is illustrated in Figure 4d. Magnetizing inductor Lm2 still transfers its energy to charge C�1, C�2 and
C2 via the secondary and tertiary windings of the coupled inductors. The current through the power
switch S1 is the summation of the currents in the magnetizing inductors Lm1 and Lm2. The following
equations are held in this stage:

iLm2 = n(iD�1 + iD�2) + niDs2 (7)

iS1 = iLm1 + iLm2 (8)

This stage finishes when the turn-on signal is applied to S2.
Stage 5 [ t4 ∼ t5]: In this stage, the operating circuit is depicted in Figure 4e. The switch S2 turns

on at time t4 under ZCS condition, owing to the leakage inductance Lk2, and S1 is still conducting.
The current iLk2 increases rapidly from zero, and the currents in the secondary and tertiary windings of
the coupled inductors decrease. The current falling rates through D�1, D�2 and Ds2 are dominated by
Lk1 and Lk2, such that the diode reverse recovery problem is mitigated. As the leakage inductor current
iLk2 reaches iLm2, this stage ends at t = t5. At the same time, the currents through D�1, D�2 and Ds2 fall
to zero, and these diodes are naturally turned offwith ZCS operation.

Stage 6 [ t5 ∼ t6]: The switches S1 and S2 are conducting in this interval. All of the diodes are in a
turn-off state. The operating circuit is depicted in Figure 4f. The operating modes of stages 1 and 6 are
similar. At the end of this stage the switch S1 is turned off.

Stage 7 [ t6 ∼ t7]: The switch S1 is turned off at time t6. The operating circuit is illustrated in
Figure 4g. One part of the leakage inductor energy stored in Lk1 is released to the clamped capacitor Cc,
and another part of the leakage inductor energy is recycled to the output side. The leakage inductor
current iLk1 is falling. The input voltage Vin, C�2 and C�1 are in series connection to transfer energy to
the output capacitor C1 via diodes Dc1 and Do, as well as the primary and secondary windings of the
coupled inductors, thus extending the voltage on the output capacitor C1. The stored energy in Lm1 is
delivered to the secondary and tertiary windings of the coupled inductors, such that output capacitor
C3 is charged by the diode current iDs1, and C1 is charged by the diode current iDo. As the leakage

5
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inductor current iLk1 drops to zero, the diode Dc1 becomes reverse-biased and turns off at time t7 under
ZCS condition. Thus, there is no reverse recovery loss for Dc1. At this moment, this stage ends.

Stage 8 [ t7 ∼ t8]: Figure 4h illustrates the operating circuit. At the beginning time, the leakage
inductor energy stored in Lk1 has completely released. Magnetizing inductor Lm1 still transfers
energy to the capacitors C1 and C3 via the secondary and tertiary windings of the coupled inductors.
The capacitors Cc, C�1, C�2 and the secondary windings are connected in series to transfer their energy
to the output capacitor C1. The current in the switch S2 is the summation of the currents iLm1 and iLm2.
The switch S1 is turned on at the end of this stage. Then, a new switching period begins to start.
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Figure 4. Operating stages of the proposed converter. (a) Stage 1, (b) Stage 2, (c) Stage 3, (d) Stage 4,
(e) Stage 5, (f) Stage 6, (g) Stage 7, (h) Stage 8.
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3. Steady-State Analysis

3.1. Voltage Gain Derivation

To briefly describe the voltage gain derivation, the following assumptions are used:

(1) All of the semiconductors are regarded as ideal. The on-state resistance of the switches and the
forward voltage drop of the diodes are ignored.

(2) The leakage inductances are neglected.
(3) The magnetizing inductances of the coupled inductors are regarded as the same; that is, Lm1 =

Lm2 = Lm.

All of the capacitors are large enough. As a result, the voltages across them are considered
constant during one switching period. Based on the volt-second balance principle of the magnetizing
inductance Lm1, the voltage on the clamp capacitor Cc can be derived as

VCc =
1

1−D
Vin (9)

where D is the operating duty ratio. The result in Equation (9) is identical to the output voltage of a
conventional boost converter.

Let the voltages across the secondary and tertiary windings of the coupled inductors be denoted
by VI

N2 and VI
N3, VII

N2 and VII
N3, respectively. According to Kirchhoff’s Voltage Low (KVL), the voltages

across the lift capacitors C�1 and C�2 can be calculated from stage 3 as

VC�1 = VC�2 = VI
N2 −VII

N2 = nVin − n(Vin −VCc) = nVCc (10)

Moreover, it also yields

VC2 = VI
N3 −VII

N3 = nVin − n(Vin −VCc) = nVCc (11)

Substituting Equation (9) into Equations (10) and (11), the capacitor voltages are rewritten as

VC�1 = VC�2 =
n

1−D
Vin (12)

VC2 =
n

1−D
Vin (13)

By applying KVL in stage 7, the voltage VC3 across the output capacitor C3 can be derived as

VC3 = VII
N3 −VI

N3 = nVCc =
n

1−D
Vin (14)

Moreover, the voltage across the output capacitor C1 is derived as

VC1 = VII
N2 −VI

N2 + VCc + VC�1 + VC�2 =
3n+1
1−D

Vin (15)

According to (13)–(15), the output voltage can be obtained as follows:

Vo = VC1 + VC2 + VC3 =
5n+1
1−D

Vin (16)

Hence, we have the ideal voltage gain M of the proposed converter as

M =
Vo

Vin
=

5n+1
1−D

(17)

7
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The plot of voltage gain M versus turns ratio n and duty ratio D is drawn in Figure 5. It shows
that the turns ratio has a significant impact on the step-up voltage gain. In addition, the high voltage
gain can be achieved without any extreme duty ratio or high turns ratio in the proposed converter.
When the duty ratio is merely 0.6 and turns ratio n = 1, the voltage gain is calculated as 15.
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Figure 5. Voltage gain curve versus duty ratio with different turns ratio.

3.2. Voltage Stresses on Semiconductor Devices

The steady-state analysis reveals that the voltage on the power switches and the clamp diodes
during their off-state are all equal to the voltage on the clamp capacitor. From Equations (9) and (17),
the voltage stresses are given by

VS1 = VS2 = VDc1 = VDc2 = VCc =
1

1−D
Vin =

1
5n + 1

Vo (18)

Moreover, the voltage stress on the switching diode Ds1 can be derived as

VDs1 = VC2 + VC3 =
2n

1−D
Vin =

2n
5n + 1

Vo (19)

The voltage stress on the output diode Do is given by

VDo = VC1 −VC�1 −VCc =
2n

1−D
Vin =

2n
5n + 1

Vo (20)

Similarly, the voltage stresses on the diodes Ds2, D�1 and D�2 can be derived as

VDs2 = VD�1 = VD�2 =
2n

1−D
Vin =

2n
5n + 1

Vo (21)

From Equations (18)–(21), the relationship between the normalized voltage stresses on
semiconductor devices and the turns ratio of the coupled inductors is shown in Figure 6.
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Figure 6. Normalized voltage stresses on semiconductor devices.

As the turns ratio increases, the voltage stresses on S1, S2, Dc1 and Dc2 decrease, and the voltage
stresses on the other diodes become large. It is worth noting that the voltage stresses are lower than the
output voltage. As a result, power MOSFETs with low Rds(ON) and diodes with low forward voltage
drop can be employed to reduce the on-state losses and improve the conversion efficiency.

3.3. Design Considerations

3.3.1. Design of Coupled Inductors

The turns ratio of the coupled inductors is designed from Equation (17). Once the duty ratio has
been selected, the turns ratio n can be properly designed by

n =
N3

N1
=

N2

N1
=

(1−D)Vo

5Vin
− 1

5
(22)

Once the turns ratio of the coupled inductor is obtained, the magnetizing inductance can be
determined from the CCM operation mode and an acceptable current ripple. The current ripple on the
magnetizing inductor is identical, and given by

ΔiLm =
VinD
Lm fs

(23)

where fs is the switching frequency. The average magnetizing current can be derived as

ILm =
Po

2Vin
=

V2
o

2VinR
(24)

where Po is the output power. For CCM operation, the following condition holds:

ILm − 1
2

ΔiLm > 0 (25)

Substituting Equations (23) and (24) into (25), the condition of magnetizing inductance for CCM
operation is expressed as

Lm>
V2

inD

Po fs
=

D(1−D)2V2
o

(5n + 1)2Po fs
=

D(1−D)2R

(5n + 1)2 fs
(26)

9
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3.3.2. Design of Capacitors

The capacitors are determined to limit their voltage ripples to within an acceptable range.
The output capacitor C1 is discharged by the average load current Io from Stage 2 to Stage 6. Thus, its
voltage ripple can be derived as

ΔVC1 =
DIo

C1 fs
(27)

Substituting Equations (15) and (17) into (27), the required capacitance is calculated as

C1 =
(5n + 1)D

(3n + 1)R fs(ΔVC1/VC1)
(28)

which is expressed by the specified voltage ripple on the output capacitor C1. Similarly, one can obtain
the design of the following capacitors in terms of their own specified voltage ripples:

C2 = C3 =
(5n+1)D

nR fs(ΔVCi/VCi)
, i = 2, 3 (29)

Cc =
5n+1

R fs(ΔVCc/VCc)
(30)

3.4. Performance Comparison

Table 1 shows the performance comparison between the proposed converter and some interleaved
high step-up converters published in [28–30], including voltage gain, voltage stress on switches,
maximum diode voltage stress and the quantities of the devices. In these comparative converters,
three-winding coupled inductors are employed to achieve high step-up voltage gain. Figure 7 shows
the voltage gain comparison with turns ratio n = 1. As can be seen, the proposed converter has the
highest voltage gain. In addition, it also has the lowest voltage stresses on the switches and diodes.
The voltage stresses on the semiconductor devices are lower than the high output voltage, which
results in the use of switches with low on-resistance and diodes with low forward voltage drop to
reduce the conduction losses and improve the conversion efficiency. As a result, it is clear that the
proposed converter is very suitable for applications requiring high efficiency and a high step-up voltage
conversion ratio.

C�1 = C�2 =
5n+1

nR fs(ΔVC� j/VC� j)
, j = 1, 2 (31)

Table 1. Performance comparison of characteristics.

Converter Converter in [28] Converter in [29] Converter in [30] Proposed Converter

Voltage gain 2n+2
1−D

2n+2
1−D

3n+1
1−D

5n+1
1−D

Voltage stress on switches Vo
2n+2

Vo
2n+2

Vo
3n+1

Vo
5n+1

Maximum diode voltage stress (2 n+1)Vo
2n+2

(2 n+1)Vo
2n+2

2nVo
3n+1

2nVo
5n+1

Quantities of switches 2 2 2 2
Quantities of diodes 6 6 8 7

Quantities of capacitors 5 5 7 6
Quantities of coupled inductors 2 2 2 2

Maximal efficiency at output power 95.8% at 500W 97.2% at 400W 97% at 524W 98% at 100W
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Figure 7. Voltage gain comparison with turns ratio n = 1.

4. Controller Design

For the purposes of the output voltage regulation, regardless of the variations of input voltage
and output load, the voltage-mode feedback control system was built as shown in Figure 8. Blocks C(s)
and PWM represent the controller and pulse-width modulator, respectively. Block P(s) denotes the
converter power stage. Block K denotes the sensor gain.

 
Figure 8. Control system block diagram.

A small-signal model was investigated through the frequency response with experimental
measurements for the prototype converter. The electrical specifications and component parameters of
the prototype converter are shown in Table 2. The experimental frequency response at the operating
point of half load was measured by an NF FRA5012 frequency response analyzer. The Bode plot of the
measured transfer function from control to scaled output voltage (ṽc to Kṽo) is shown in Figure 9 with
red curves. The corresponding transfer function can be obtained by the curve-fitting method, and it is
given by

G(s) =
Kṽo(s)
ṽc(s)

=
138.3(s− 45000)

(s + 700)(s + 7000)
(32)
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Table 2. Electrical specifications and parameters of the prototype converter.

Parameter/Description Specification/Value

Input voltage Vin 28 V
Output voltage Vo 380 V

Rated output power Po 1000 W
Switching frequency fs 50 kHz

Magnetizing inductance Lm 69 μH
Leakage inductance Lk 0.7 μH

Turns ratio n 1
Power switches S1 and S2 IRFP4668

Diodes DC1, DC2, D�1, D�2, DS1, DS2 and Do 60CPQ150
Clamp capacitor CC 147 μF

Lift capacitors C�1 and C�2 147 μF
Output capacitors C1, C2 and C3 120 μF

 
Figure 9. Comparison between measured (red) and curve-fitting (blue).

The Bode plot of the curve-fitting transfer function in Equation (32), together with the measured
results, is shown in Figure 9. Comparing the magnitude and phase curves, it can be seen that the
curves agree well with each other. Thus, the curve-fitting transfer function expressed in Equation (32)
can be used for the controller design.

Based on the K-factor method [31], a type III controller [32] with three-pole and two-zero was
designed for the closed-loop control system. One of the poles of the controller was located at the origin
to achieve the zero steady-state error, while the other two poles were positioned below the desired
crossover frequency to attenuate the switching noises in the feedback loop. In addition, the zeros and
gain of the controller were adjusted to achieve the desired phase margin at the crossover frequency.
The controller transfer function was designed as

C(s) = 3.3× 106 (s + 2659)(s + 2673)

s(s + 1.49× 104)
2 (33)
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The controller was implemented by the operational amplifier circuit, as shown in Figure 10, and
its transfer function is given by

ṽc(s)
Kṽo(s)

= −R1 + R3

R1R3C2

(
s + 1

R2C1

)(
s + 1

(R1+R3)C3

)
s
(
s + 1

R2C1C2/(C1+C2)

)(
s + 1

R3C3

) (34)

Figure 10. Controller circuit.

The Bode plots of the plant G(s), the controller C(s) and the loop gain Tol(s) = G(s)C(s) are shown
in Figure 11. As a result, a crossover frequency of 1 kHz and a phase margin of 45◦ were achieved for
the output voltage controlled system.

Figure 11. Bode plots of plant, controller and loop gain.

5. Experimental Verification

An experimental prototype with maximal output power 1 kW was implemented and tested to
verify the performance of the proposed converter. Table 2 shows the components and parameters of
the prototype converter [33]. Figures 12–16 show the simulated results using IsSpice software and the
experimental results under full load 1 kW condition, as described below.
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(b) 

Figure 12. Waveforms of vgs1, vgs2, Vin and Vo. (a) Simulated results. (b) Experimental results.
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(b) 

Figure 13. Waveforms of vgs1, vgs2, vds1 and vds2. (a) Simulated results. (b) Experimental results.
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Figure 14. Waveforms of iin, iLk1 and iLk2. (a) Simulated results. (b) Experimental results.

 

 

 

 

(a) 

 
(b) 

Figure 15. Waveforms of iDc1, vDc1, iDc2 and vDc2. (a) Simulated results. (b) Experimental results.
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(a) (b) 

  
(c) (d) 

Figure 16. Waveforms of the ZCS turn-on for switches S1 and S2. (a) and (b) simulated results. (c) and
(d) experimental results.

Figure 12 shows the waveforms of Vin, Vo, and the gate signals vgs1 and vgs2, for the switches S1

and S2 with interleaved operation. It can be seen that the high voltage gain was over 13 times; however,
the duty ratios of the switches were not extremely large.

Figure 13 illustrates the gate signals and the drain-source voltage waveforms vds1 and vds2 for the
switches S1 and S2. It was observed that the voltage stress on S1 and S2 was only about 63 V, which is
Vo/6. The switch voltage stress was much lower than the output voltage. This result meets with that
of the steady-state analysis in Equation (18). Therefore, the power switch with a low voltage rating
and low on-resistance can be chosen to reduce the conduction losses.

Figure 14 represents the input current iin and the leakage inductor currents iLk1 and iLk2. Since the
input current iin is equal to iLk1 plus iLk2, one can see that the interleaved operation helps the ripple
current cancellation. Consequently, the input current ripple is really small. The ripple current reduction
is helpful for the lifetime of green energy sources. Moreover, a good input current sharing capability
can be observed by the leakage inductor currents for the two phases of the proposed converter.

Figure 15 exhibits the currents and voltage waveforms on the clamped diodes Dc1 and Dc2.
One can see that the voltage stress on the diodes is about 63 V, which is only one-sixth of the output
voltage. The experimental results show good agreement with the theoretical result in (18). In addition,
as can be seen, the currents iDc1 and iDc2 fell to zero, and then the considered diodes turned offwith the
ZCS operation, which is consistent with the operating analysis in stages 3 and 7. Thus, there are no
reverse-recovery losses for the clamped diodes Dc1 and Dc2.

In Figure 16, the simulated and experimental waveforms of the voltages and the currents on the
switches S1 and S2 are illustrated. It can be seen that the power switches can achieve ZCS turn-on
operation. The switching losses are reduced accordingly for high efficiency.

Figure 17 shows the dynamic response of the output voltage under the load variation between
200W and 1000W using a dc electronic load. The dynamic response of the output voltage under the
input voltage varying from 28 V to 32 V, and vice versa, is shown in Figure 18. As shown in the figures,
the output voltage is insensitive to the load change and input voltage variation. It means that the
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well dynamic performance of the output voltage regulation can be provided with the closed-loop
controller design.

 

 

 
Figure 17. Dynamic response of output voltage under step load variation.

 

  
Figure 18. Dynamic response of output voltage under input voltage variation.

Figure 19 represents the conversion efficiency of the prototype converter under various output
powers. A high precision power analyzer (HIOKI 3390) was employed to measure the power conversion
efficiency, which is the ratio of the measured output power over the measured input power, Pout/Pin.
The measured maximum conversion efficiency was up to 98%, which was obtained at the output power
of 100 W. Moreover, the conversion efficiency was 91.08% at the full-load condition. At higher output
power, the on-state conduction losses of switching devices are high. Then, the efficiency decreases.
The photograph of the laboratory prototype is illustrated in Figure 20.

 
Figure 19. Power conversion efficiency.
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Figure 20. Photograph of the laboratory prototype.

6. Conclusions

The three-winding coupled inductors and voltage multiplier cells, and the voltage-lift and
voltage-stack techniques were utilized to create a novel high step-up DC–DC converter configuration,
which is suitable for applications in PV generation systems. The proposed high step-up converter
gets high voltage gain conversion with proper duty ratio operation and low voltage stresses on the
switches and diodes. Switches with smaller on-resistance and diodes with lower forward voltage drop
can thereby be used to reduce the conduction losses. The interleaved operation reduces the input
current ripple. Moreover, the diode reverse-recovery loss is alleviated due to the leakage inductances
of the coupled inductors. The leakage inductor energy is absorbed and recycled to improve efficiency.
This paper presented the operating principle and steady-state analysis of the proposed converter.
The closed-loop controller is also well designed for the output voltage regulation, regardless of the
variations in the input voltage or output load. Finally, a 1 kW laboratory prototype was tested to
verify the performance and the presented analysis. The experimental results showed that the proposed
converter is suitable for high efficiency and high voltage gain in DC–DC conversion.
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Abstract: A multi-input-port bidirectional DC/DC converter is proposed in this paper for the energy
storage systems in DC microgrid. The converter can connect various energy storage batteries to the
DC bus at the same time. The proposed converter also has the advantages of low switch voltage
stress and high voltage conversion gain. The working principle and performance characteristics of
the converter were analyzed in detail, and a 200 W, two-input-port experimental prototype was built.
The experimental results are consistent with the theoretical analysis.

Keywords: DC/DC converter; multi-input-port; bidirectional; energy storage

1. Introduction

Due to global issues like the greenhouse effect and energy shortage, renewable energy generation
has developed rapidly in recent years [1–3]. Renewable energy generation is greatly affected by
natural environmental factors, output power of which exhibits intermittence and randomness [4,5].
DC microgrid and energy storage systems, like batteries and supercapacitors, are usually used to
smooth the fluctuating and stochastic output power of the renewable energy generation system [6,7].
A DC/DC converter with the capability of bidirectional energy conversion is the key device to connect
batteries and the DC bus of the DC microgrid.

In recent years, many studies have been conducted on bidirectional DC/DC converters [8,9].
Many battery cells were connected in series to achieve high voltage [10]; however, a charge equalization
circuit needs to be introduced to solve the problem of unbalanced battery charging [11]. On the contrary,
many batteries can also be connected in parallel to achieve high reliability [12], but the output voltage
of these batteries is low, and a high voltage gain converter is required in such an application [13,14].
Coupled inductors, switch capacitors, or voltage multiple cells can be used to improve the voltage
conversion ratio [15–19]; however, most of the above converters are single input and single output,
which means a large number of converters have to be used to connect each battery energy storage unit
to the DC bus respectively [20,21], as Figure 1a shows.

Energies 2020, 13, 2810; doi:0.3390/en13112810 www.mdpi.com/journal/energies21
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Figure 1. A DC microgrid with various battery energy storage systems. (a) traditional converters;
(b) proposed converter.

In [22–24], some multi-input-port bidirectional converters have been presented; however,
these converters have some common disadvantages, such as a large number of devices, large size,
and high cost. A multi-input-port bidirectional DC/DC converter is proposed in this paper, many battery
energy storage units can be connected to the DC bus by this converter together, as Figure 1b shows.
Both in charging and discharging mode, the power flow to every battery can be controlled easily.
Apparently, the cost of the whole system can be reduced.

The paper is organized as follows. The working principle, performance analysis, and extension
of the proposed converter are described in Sections 2–4, respectively. In Section 5, the efficacy of the
proposed converter is verified experimentally using a 200 W prototype.

2. Operation Principle of the Proposed Multi-Input-Port Bidirectional DC/DC Converter

The operation principle of the proposed converter will be presented in this section based on a
topology with two input ports shown in Figure 2. To simplify the analysis, the following assumptions
are made:

1. The currents iL1 and iL2 of the inductors L1 and L2 are both continuous.
2. All devices are ideal, regardless of the influence of parasitic parameters.
3. The switches S1 and S2 are regulated by an interleaved control strategy with the duty cycle greater

than 0.5. While the switches Q1 and Q2 are controlled by an interleaved control strategy with the
duty cycle less than 0.5. The operation principle of the converter can be analyzed based on the
discharging or charging modes.
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Figure 2. A multi-input-port bidirectional DC/DC converter for energy storage systems in a
DC microgrid.
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2.1. Discharging Mode (Boost)

In this mode, S1 and S2 are interleaved with 180◦ phase shift to turn on, and Q1, Q2 are turned
off. During a switching period Ts, there are three Sub-modes. The main waveforms of the converter
working in steady state are shown in Figure 3, and the equivalent circuit of each Sub-mode is shown in
Figure 4. The control signals of S1 and S2 are denoted by ugs1 and ugs2, respectively.

Ts
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t
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DS1Ts (1-DS1)Ts
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uin1-uC1

uin2+uC1-uo

iL1

-iL2

t0 t1 t2 t3 t4

Figure 3. The main waveforms in one switching period Ts.

Sub-mode 1 [t0–t1, t2–t3]: as Figure 4a shows, S1 and S2 are on. The voltages of the inductors
L1 and L2 are equal to uin1 and uin2, respectively. The inductor currents increase linearly at the rates
of uin1/L1 and uin2/L2, respectively. The current through the capacitor C1 is zero, while the capacitor
voltage is unchanged.

Sub-mode 2 [t1–t2]: as Figure 4b shows, S1 is on, and S2 is off. Same as Sub-mode 1, the voltage of
the inductor L1 is still uin1, and the current through it increases linearly at the rate of uin1/L1. However,
the current through the inductor L2 decreases at the rate of (uin2 + uC1 − uo)/L2. The capacitor C1 is
being discharged. The voltage of C1 decreases linearly, and the current of C1 is equal to iL2.

Sub-mode 3 [t3–t4]: as Figure 4c shows, S1 is off, and S2 is on. The current through the inductor
L1 decreases at the rate of (uin1 − uC1)/L1. The voltage of the inductor L2 is uin2, and the current of L2

increases at the rate of uin2/L2. The capacitor C1 is being charged. The current of the capacitor C1 is
equal to iL1, and the voltage of C1 increases linearly.
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Figure 4. The equivalent circuits in the discharging mode for (a) Sub-mode 1; (b) Sub-mode 2;
(c) Sub-mode 3.

2.2. Charging Mode (Buck)

In this mode, Q1 and Q2 are interleaved with 180◦ phase shift to turn on, and S1, S2 are off. During
a switching period Ts, there are three Sub-modes. The main waveforms of the converter working in
steady state are shown in Figure 5, and the equivalent circuit of each Sub-mode is shown in Figure 6.
The control signals of Q1 and Q2 are denoted by ugQ1 and ugQ2, respectively.

Sub-mode 1 [t0–t1]: as Figure 6a shows, Q1 is on, and Q2 is off. The current through the inductor
L1 increases at the rate of (uC1 − uin1)/L1. The voltage of the inductor L2 is uin2, and the current of
L2 decreases at the rate of uin2/L2. The capacitor C1 is being discharged. The voltage of C1 decreases
linearly and the current of C1 is equal to iL1.

Sub-mode 2 [t1–t2, t3–t4]: as Figure 6b shows, Q1 and Q2 are off. The voltages of the inductors L1

and L2 are uin1 and uin2, respectively. The inductor currents decrease linearly at the rates of uin1/L1

and uin2/L2, respectively. The current through the capacitor C1 is zero, while the capacitor voltage
is unchanged.

Sub-mode 3 [t2–t3]: as Figure 6c shows, Q1 is off, and Q2 is on. The current of the inductor L1

decreases at the rate of uin1/L1. However, the current through the inductor L2 increases at the rate of
(uo − uin2 − uC1)/L2. The capacitor C1 is being charged. The current of the capacitor C1 is equal to iL2,
and the voltage of C1 increases linearly.
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Figure 5. The main waveforms in one switching period Ts.
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Figure 6. The equivalent circuits in the charging mode for (a) Sub-mode 1; (b) Sub-mode 2;
(c) Sub-mode 3.
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3. Performance Analysis

3.1. Voltage Conversion Ratio

Discharging Mode (Boost): According to the analysis of the above working principle, the operating
characteristics of the proposed converter can be derived from the three Sub-modes in one switching
cycle Ts, based on the voltage-second balance of the inductors L1 and L2.

DS1uin1 + (1−DS1)(uin1 − uC1) = 0 (1)

DS2uin2 + (1−DS2)(uin2 + uC1 − uo) = 0 (2)

From Equations (1) and (2), Equations (3) and (4) can be derived:

uC1 =
uin1

1−DS1
(3)

uo =
uin1

1−DS1
+

uin2

1−DS2
(4)

According to Equation (4), it can be clearly seen that the voltage conversion ratio of the proposed
converter is twice that of the traditional boost converter.

When the input voltages uin1, uin2, and the duty cycle DS1, DS2 are the same, respectively,
the voltage conversion ratio of the proposed converter can be derived:

MBoost =
uo

uin
=

2
1−DBoost

(5)

Charging Mode (Buck): According to the analysis of the above working principle, the operating
characteristics of the proposed converter can be derived from the Sub-three modes in one switching
cycle Ts, based on the voltage-second balance of the inductors L1 and L2.

DQ1(uC1 − uin1)+(1 −DQ1)(−uin1) = 0 (6)

DQ2(uo − uin2 − uC1)+(1 −DQ2)(−uin2) = 0 (7)

From Equations (6) and (7), Equations (8) and (9) can be derived:

uC1 =
uin1

DQ1
(8)

uo =
uin1

DQ1
+

uin2

DQ2
(9)

When the output voltages uin1, uin2, and the duty cycle DQ1, DQ2 are the same, respectively,
the voltage conversion ratio of the proposed converter can be derived:

MBuck =
uin

uo
=

DBuck

2
(10)

According to Equation (10), it can be seen that the voltage conversion ratio of the proposed
converter is half of that of the traditional buck converter.

3.2. Relationship between the Currents of the Two Inductors

Discharging Mode (Boost): During a switching cycle Ts, in Sub-mode 3, the capacitor C1 is charged
for (1 − DS1)Ts and the current of C1 is equal to iL1. In Sub-mode 2, the capacitor C1 is discharged for
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(1 − DS2)Ts, and the current of C1 is equal to iL2. In Sub-mode 1, the current of the capacitor C1 is zero.
Due to the ampere-second balance of the capacitor C1, the following can be derived:

IL1(1−DS1)Ts = IL2(1−DS2)Ts (11)

IL1(1−DS1) = IL2(1−DS2) (12)

When the duty cycles DS1 and DS2 are equal, the two input currents are also equal. Thus, automatic
current sharing is realized. The power of the two ports can be adjusted through controlling DS1 and
DS2, respectively.

Charging Mode (Buck): During a switching cycle Ts, in Sub-mode 1, the capacitor C1 is discharged
for DQ1Ts, and the current of C1 is equal to iL1. In Sub-mode 3, the capacitor C1 is charged for DQ2Ts,
and the current of C1 is equal to iL2. In Sub-mode 2, the current of the capacitor C1 is zero. Due to the
ampere-second balance of the capacitor C1, the following can be derived:

IL1DQ1Ts = IL2DQ2Ts (13)

IL1DQ1 = IL2DQ2 (14)

When the duty cycle DQ1 and DQ2 are equal, the two input currents are also equal. Thus, automatic
current sharing is realized. The power of the two ports can be adjusted through controlling DQ1 and
DQ2, respectively.

3.3. Voltage Stress of Switch

The voltage stresses of S1, S2, Q1, and Q2 can be derived as follows:

1. Discharging Mode (Boost):
uS1 = uC1 (15)

uS2 = uQ2 = uo − uC1 (16)

uQ1 = uo (17)

2. Charging Mode (Buck):
uS1 = uC1 (18)

uS2 = uQ2 = uo − uC1 (19)

uQ1 = uo (20)

3.4. Current Stress of Switch

Discharging Mode (Boost): To begin with the time of S1 turning on, in the following cycle Ts,
the inductor currents iL1, iL2 can be represented as

iL1 =

⎧⎪⎪⎨⎪⎪⎩ IL1 − uin1DS1Ts
2L1

+ uin1
L1

t, 0 < t ≤ DS1Ts

IL1 +
uin1DS1Ts

2L1
− uC1−uin1

L1
t, DS1Ts < t ≤ Ts

(21)

iL2 =

⎧⎪⎪⎪⎪⎨⎪⎪⎪⎪⎩
IL2 +

1−DS2
2L2

uin2Ts +
uin2
L2

t, 0 < t ≤ (DS2 − 1
2 )Ts

IL2 +
uin2DS2Ts

2L2
− uo−uC1−uin2

L2
[t− (DS2 − 1

2 )Ts], (DS2 − 1
2 )Ts < t ≤ Ts

2

IL2 − uin2DS2Ts
2L2

+ uin2
L2

(t− Ts
2 ), Ts

2 < t ≤ Ts

(22)
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According to the three Sub-modes of the circuit, in a switching cycle, the currents through S1 and
S2 at every stage can be derived as follows:

iS1 =

{
iL1, 0 < t ≤ DS1Ts

0, DS1Ts < t ≤ Ts
(23)

iS2 =

⎧⎪⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎪⎩
iL2, 0 < t ≤ (DS2 − 1

2 )Ts

0, (DS2 − 1
2 )Ts < t ≤ Ts

2
iL2, Ts

2 < t ≤ DS2Ts

iL1 + iL2, DS2Ts < t ≤ Ts

(24)

From Equations (21)–(24), the currents through S1, S2, Q1, and Q2 can be derived as follows:

iS1 = iQ1 = IL1 +
uin1DS1Ts

2L1
(25)

iS2 = IL1 +
uin1DS1Ts

2L1
+ IL2 +

DS2 − 1
2L2

uin2Ts (26)

iQ2 = IL2 +
uin2DS2Ts

2L2
(27)

Charging Mode (Buck): To begin with the time of Q1 turning on, in the following cycle Ts,
the inductor currents iL1 and iL2 can be denoted by

iL1 =

⎧⎪⎪⎨⎪⎪⎩
uC1−uin1

L1
t, 0<t ≤ DQ1Ts

IL1 +
(uC1−uin1)DQ1Ts

2L1
− uin1

L1
(t−DQ1Ts), DQ1Ts<t ≤ Ts

(28)

iL2 =

⎧⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎩
IL2 +

(uo−uC1−uin2)DQ2Ts
2L2

− uin2
L2

( 1
2 −DQ2)Ts − uin2

L2
t, 0 < t ≤ 1

2 Ts

IL2 − (uo−uC1−uin2)DQ2Ts
2L2

+
(uo−uC1−uin2)

L2
(t− 1

2 Ts), 1
2 Ts < t ≤ ( 1

2 + DQ2)Ts

IL2 +
(uo−uC1−uin2)DQ2Ts

2L2
− uin2

L2
[t− ( 1

2 + DQ2)Ts], ( 1
2 + DQ2)Ts < t ≤ Ts

(29)

According to the three Sub-modes of the circuit, in a switching cycle, the currents through Q1 and
Q2 at each stage can be derived as follows:

iQ1 =

{
iL1, 0<t ≤ DQ1Ts

0, DQ1Ts<t ≤ Ts
(30)

iQ2 =

⎧⎪⎪⎪⎨⎪⎪⎪⎩
0, 0 < t ≤ 1

2 Ts

iL2, 1
2 Ts < t ≤ ( 1

2 + DQ2)Ts

0, ( 1
2 + DQ2)Ts < t ≤ Ts

(31)

From Equations (28)–(31), the currents through S1, S2, Q1, and Q2 can be derived as follows:

iS1 = iQ1 = IL1 +
uin1(1 −DQ1

)
Ts

2L1
(32)

iQ2 = IL2 +
uin2(1 −DQ2

)
Ts

2L2
(33)

iS2 = IL1 +
uin1(1 −DQ1

)
Ts

2L1
+ IL2 −

uin2(1 −DQ2
)
Ts

2L2
+

uin2

L2
(

1
2
−DQ1)Ts (34)
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3.5. Power Flow

Discharging Mode (Boost): The inductor current iL1 increases as the duty cycle DS1 increases,
and the inductor current iL2 decreases as the duty cycle DS2 decreases. Since the two input voltages uin1,
uin2 are equal, the ratio of the power of the two ports is equal to the ratio of the two inductor currents.
Therefore, when DS1 < DS2, iL1 < iL2, iL1/iL2 < 1; when DS1 = DS2, iL1 = iL2, iL1/iL2 = 1; when DS1 > DS2,
iL1 > iL2, iL1/iL2 > 1. Making DS1: 0.5–0.8 as the x-axis, DS2: 0.8–0.5 as the y-axis, and iL1/iL2 as the
z-axis, the following three-dimensional figure can be obtained as Figure 7 shows.

Figure 7. iL1/iL2 3D graph (Discharging Mode (Boost)).

Charging Mode (Buck): The inductor current iL1 increases as the duty cycle DQ1 decreases, and the
inductor current iL2 decreases as the duty cycle DQ2 increases. Since the two output voltages uin1, uin2

are equal, the ratio of the power of the two ports is equal to the ratio of the two inductor currents.
Therefore, when DQ1 <DQ2, iL1 > iL2, iL1/iL2 > 1; when DQ1 =DQ2, iL1 = iL2, iL1/iL2 = 1; when DQ1 >DQ2,
iL1 < iL2, iL1/iL2 < 1. Making DQ1: 0.5–0.2 as the x-axis, DQ2: 0.2–0.5 as the y-axis, and iL1/iL2 as the
z-axis, the following three-dimensional figure can be obtained as Figure 8 shows.

Figure 8. iL1/iL2 3D graph (Charging Mode (Buck)).

3.6. Comparison of the Proposed Converter with Other Converters

Some quantitative comparisons between some existing multi-input-port topologies, and the
proposed converter are given in Table 1. As can be seen, compared to [22–24], the number of devices of
the proposed converter is less, which means fewer losses and a lower cost.

Table 1. Comparison of the converters.

[22] [23] [24] Proposed

No. of ports 3 4 3 3
No. of switches 12 4 6 4
No. of diodes 0 4 0 0

No. of inductors 6 4 2 2
No. of capacitors 3 5 2 2
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4. Extension of the Topology

4.1. Topology of the N-Input-Port Bidirectional DC/DC Converter

Based on the topology of the two-input-port bidirectional DC/DC converter shown in Figure 2,
the n-input-port bidirectional DC/DC converter topology can be derived as Figure 9 shows. To simplify,
assumptions are made as follows:

1. Currents of the inductors iL1, iL2, . . . , and iL2 are all continuous.
2. All devices are ideal, regardless of the influence of parasitic parameters.
3. Discharging Mode (Boost): during a switching period Ts, S1, S2, ..., and Sn interleaved with 360◦/n

phase shift are turned on with the duty cycle greater than (1 − 1/n), and Q1, Q2, ..., and Qn are
turned off. Charging Mode (Buck): during a switching period Ts, Q1, Q2, ..., and Qn interleaved
with 360◦/n phase shift are turned on with the duty cycle less than 1/n, and S1, S2, ..., and Sn are
turned off.

uin1 uouin2uin3uinn
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Q3

  
Qn

 Ln

 L3

  
L2

  
L1

  
C1

  
C2

  
Cn-1
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Figure 9. An n-input-port bidirectional DC/DC converter for DC microgrid energy storage system.

4.2. Voltage Conversion Ratio

Discharging Mode (Boost): Due to the voltage-second balance of the inductors L1, L2, . . . , and Ln,
it can be derived:

DS(i−1)uin(i−1) = (1−DS(i−1))(uC(i−1) − uC(i−2) − uin(i−1)) (35)

DSiuini = (1−DSi)(uo − uC(i−1) − uini) (36)

uCi =
i∑

p=1

uinp

1−DSp
(1 ≤ i ≤ n− 1) (37)

uo =
n∑

i=1

uini
1−DSi

(38)

When DS1 = DS2 = . . . = Dsn = DBoost, the ratio of the output voltage uo, and each input voltage
uini is the voltage gain Mi of each input port.

Mi =
uo

uini
(39)
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n∑
i=1

uini
uo

= 1−DBoost (40)

1
M1

+
1

M2
+ · · ·+ 1

Mn
= 1−DBoost (41)

When uin1 = uin2 = . . . = uinn,

M1 = M2 = · · · = Mn =
n

1−DBoost
(42)

Charging Mode (Buck): Due to the voltage-second balance of the inductors L1, L2, . . . , and Ln,
it can be derived:

(1−DQ(i−1))uin(i−1) = DQ(i−1)(uC(i−1) − uC(i−2) − uin(i−1)) (43)

(1−DQi)uini = DQi(uo − uC(i−1) − uini) (44)

uCi =
i∑

p=1

uinp

DQp
(1 ≤ i ≤ n− 1) (45)

uo =
n∑

i=1

uini
DQi

(46)

When DQ1 = DQ2 = . . . = DQn = DBuck, the ratio of each output voltage uini and the input voltage
uo is the voltage gain Mi of each output port.

Mi =
uini
uo

(47)

n∑
i=1

uini
uo

= DBuck (48)

M1 + M2 + · · ·+ Mn = DBuck (49)

When uin1 = uin2 = . . . = uinn,

M1 = M2 = · · · = Mn =
DBuck

n
(50)

4.3. Relationship between the Currents of the Inductors

It is assumed that the average values of the inductor currents iL1, iL2, ..., and iLn are IL1, IL2, ...,
and ILn, respectively.

Discharging Mode (Boost): Due to the ampere-second balance of the capacitors C1, C2, . . . , and Cn,
it can be derived as follows:

IL1(1−DS1) = IL2(1−DS2) = · · · = ILn(1−DSn) (51)

When DS1 = DS2 = . . . = Dsn, IL1 = IL2= . . . = ILn. Thus, automatic current sharing is realized.
The power of all the ports can be adjusted through controlling DS1, DS2, . . . , and DSn, respectively.

Charging Mode (Buck): Due to the ampere-second balance of the capacitors C1, C2, . . . , and Cn,
it can be derived:

IL1DQ1 = IL2DQ2 = · · · = ILnDQn (52)

When DQ1 = DQ2 = . . . = DQn, IL1 = IL2 = . . . = ILn. Thus, automatic current sharing is realized.
The power of all the ports can be adjusted through controlling DQ1, DQ2, . . . , and DQn, respectively.
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In practical applications, the efficiency of the converter will drop along with the increase in the
number of input ports.

5. Experimental Results

To verify the analysis presented in the previous sections, experiments were conducted based on
a 200 W two-input-port prototype developed from the proposed converter. The specification of the
prototype is given in Table 2, and the experimental results are presented and discussed as follows.

Table 2. Specification of the prototype.

Parameters Values

Voltage (uin1, uin2) 24 V
Voltage (uo) 200 V

Output power (Po) 200 W
Switching frequency (f s) 100 kHz
Switch (S1, S2, Q1, Q2) C3M0280090D

Capacitors Co: 10 uF, C1: 4 uF
Inductors (L1, L2) 400 uH

5.1. Constant Duty Cycle

Discharging Mode (Boost): Figure 10a shows the waveforms of ugs1, ugs2, uin1, and uin2, where the
duty cycles are around 0.76. Figure 10b shows the waveforms of uo, uCo, and uC1. It can be seen that
the DC values of uC1 and uo are about 100 V and 200 V, respectively. The voltage conversion gain is
around 8.3, which is consistent with that calculated by Equation (5). Figure 10c shows that the voltage
stresses of S1, S2, and Q2 are all about 100 V, while the voltage stress of Q1 is about 200 V. These are
consistent with that obtained by Equations (15)–(17). Figure 10d shows that the currents of L1 and L2

are both about 4 A. Apparently, the measured results are all consistent with the previous analysis.
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Figure 10. The waveforms of the experimental prototype. (a) driving waveforms of the switches and
waveforms of the input voltage. (b) waveforms of voltages of Co, C1, and the waveform of the output
voltage. (c) waveforms of voltages of the switches. (d) waveforms of currents of the inductors.
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Charging Mode (Buck): Figure 11a shows the waveforms of ugQ1, ugQ2, uin1, and uin2, the duty
cycles are near 0.24. Figure 11b shows the waveforms of uo, uCo, and uC1; it can be seen that the
DC values of uC1, uo are about 100 V, 200 V, and the conversion gain is approximately 0.12, which is
consistent with Equation (10). Figure 11c shows voltage stresses of S1, S2, Q2 are nearly 100 V, and the
voltage stress of Q1 is about 200 V, which are consistent with Equations (18)–(20). Figure 11d shows the
waveforms of iL1, iL2. The DC values of iL1, iL2 are both about 4 A; evidently, the measured results are
all consistent with the theoretical analysis.
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Figure 11. The waveforms of the experimental prototype. (a) driving waveforms of the switches and
waveforms of the output voltage. (b) waveforms of voltages of Co, C1, and the waveform of the input
voltage. (c) waveforms of voltages of the switches. (d) waveforms of currents of the inductors.

5.2. Varying Duty Cycle

Discharging Mode (Boost): Figure 12a shows the changes of iL1 and iL2 when the duty cycle DS1

and DS2 are adjusted. With the increase of the duty cycle, the inductor current increases, and the power
of the branch circuit increases.
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Figure 12. Power flow diagram for (a) discharging mode (Boost); (b) charging mode (Buck).
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Charging Mode (Buck): Figure 12b shows the changes of iL1 and iL2 when the duty cycle DQ1 and
DQ2 are adjusted. With the increase of the duty cycle, the inductor current decreases, and the power of
the branch circuit decreases.

5.3. Converter Efficiency and Conversion Ratio

Based on the experimental results, the converter efficiency and the conversion ratio are analyzed
and presented in this sub-section.

Discharging Mode (Boost): Figure 13a shows the curve of efficiency changing with output voltage
after changing the duty cycle and the curve of efficiency changing with output power after changing the
load. The calculated loss distribution of the experimental prototype is shown in Figure 13b. The main
losses are switching losses 9.59 W, anti-parallel diode losses 3.6 W, and inductor losses 2.874 W. As is
shown in Figure 13c, the voltage conversion ratio changes with the duty cycle. When the duty cycle is
more than 0.7, the difference between the actual gain and the theoretical gain gradually increases as
the duty cycle increases.
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Figure 13. Discharging mode (Boost): (a) efficiency curves of the prototype; (b) loss distribution of the
prototype; (c) conversion ratio (M) vs. duty cycle (D) graph.

Charging Mode (Buck): Figure 14a shows the curve of efficiency changing with output voltage
after changing the duty cycle and the curve of efficiency changing with output power after changing the
load. The calculated loss distribution of the experimental prototype is shown in Figure 14b. The main
losses are anti-parallel diode losses 9 W, switching losses 4.38 W, and inductor losses 2.874 W. As is
shown in Figure 14c, the voltage conversion ratio changes with the duty cycle. When the duty cycle is
less than 0.3, the difference between the actual gain and the theoretical gain gradually increases as the
duty cycle decreases.
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Figure 14. Charging mode (Buck): (a) efficiency curves of the prototype; (b) loss distribution of the
prototype; (c) conversion ratio (M) vs. duty cycle (D) graph.

6. Conclusions

A multi-input-port bidirectional DC/DC converter for DC microgrid energy storage system
applications is proposed in this paper. Comprehensive analyses on the working principle and
performance of the proposed converter are given. Experimental results are presented, and it is verified
that, compared to the traditional buck and boost converter, the proposed bidirectional converter has
the following advantages: (1) a wider range of voltage conversion can be achieved and the voltage
stresses of the switches are lower; (2) the power flow of each port can be adjusted easily through the
controlling of duty cycles; (3) the number of input ports of the proposed converter can be expanded,
which makes it more applicable.
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Abstract: This paper presents the performance of a three-phase bidirectional isolated DC-DC converter
(3P-BIDC) in wye-wye (Yy), wye-delta (Yd), delta-wye (Dy), and delta-delta (Dd) transformer
configurations, using enhanced switching strategy that combines phase-shift modulation and
burst-mode switching. A simulation verification using PSCAD is carried out to study the feasibility
and compare the efficiency performance of the 3P-BIDC with each transformer configuration,
using intermittent switching, which combines the conventional phase-shift modulation (PSM) and
burst-mode switching, in the light load condition. The model is tested with continuous switching
that employs the conventional PSM from medium to high loads (greater than 0.3 p.u.) and with
intermittent switching at light load (less than 0.3 p.u), in different transformer configurations. In all
tests, the DC-link voltages are equal to the transformer turns ratio of 1:1. This paper also presents the
power loss estimation in continuous and intermittent switching to verify the modelled losses in the
3P-BIDC in the Yy transformer configuration. The 3P-BIDC is modelled by taking into account the
effects that on-state voltage drop in the insulated-gate bipolar transistor (IGBTs) and diodes, snubber
capacitors, and three-phase transformer copper winding resistances will have on the conduction
and switching losses, and copper losses in the 3P-BIDC. The intermitting switching improves the
efficiency of the DC-DC converter with Yy, Yd, Dy, and Dd connections in light-load operation.
The 3P-BIDC has the best efficiency performance using Yy and Dd transformer configurations for all
power transfer conditions in continuous and intermittent switching. Moreover, the highest efficiency
of 99.6% is achieved at the light power transfer of 0.29 p.u. in Yy and Dd transformer configurations.
However, the theoretical current stress in the 3P-BIDC with a Dd transformer configuration is high.
Operation of the converter with Dy transformer configuration is less favorable due to the efficiency
achievements of lower than 95%, despite burst-mode switching being applied.

Keywords: three-phase bidirectional isolated DC-DC converter; burst-mode switching;
high-frequency transformer configurations; phase-shift modulation; intermittent switching;
three-phase dual-active bridge

1. Introduction

The bidirectional isolated DC-DC converter (BIDC), also known as the dual-active bridge (DAB),
has become a research interest in recent years [1] for energy storage applications in electric vehicle and
renewable energy systems, and solid-state transformers in all-electric-aircraft and ship applications [2–7].
The advantages of a BIDC include bidirectional power flow, small filter components, low device
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and component stresses, small number of components, and buck-boost operation capability. Many
publications have focused on the efficiency improvement of the single-phase BIDC (1P-BIDC) [5,8–13].
However, there is increasing interest in the three-phase BIDC (3P-BIDC) due to the advantages of
higher power density, lower switching stresses on the components, minimal backflow power, and
higher efficiency compared to the single-phase BIDC [6,7,14–22].

Figure 1 shows the schematic diagram of the 3P-BIDC. It consists of a high-frequency three-phase
transformer with a turns ratio of N:1. Bridge 1 is the high-voltage side (HVS) and bridge 2 is the
low-voltage side (LVS). The DC-DC converter operates in the buck mode when power is transferred
from bridge 1 to 2, and in the boost mode when power is transferred from bridge 2 to 1.

Figure 1. A bidirectional isolated DC-DC converter topology.

Figure 2 illustrates that the HVS and LVS of the transformer can have Yy, Dd, Yd, or Dy
configurations. However, a typical configuration for the high-frequency transformer in the BIDC is Yy.
An isolated DC-DC converter with Yy transformer connection is shown to have low efficiency levels
when not operated in a DC-link voltage ratio of 1:1 [17]. The Dd transformer configuration possesses
the same symmetrical characteristics as the Yy transformer configuration and shares the same efficiency
characteristics. Symmetrical three-phase windings in Yy and Dd connections have no circulating
current flow in the transformer minimizing transformer loss. The 3P-BIDC can be operated in DC-link
voltage ratios other than 1:1 with minimized power loss over a wide range of power transfer when
the transformer configuration is Yd or Dy [15,16]. Moreover, the 3P-BIDC can operate in zero-voltage
switching across the full range of the output current within a certain DC-voltage ratio [15,16].

 

Figure 2. Types of three-phase transformer configurations. (a) Yy. (b) Yd. (c) Dy. (d) Dd.

The improvement of efficiency in a 3P-BIDC is also achieved through different switching techniques
other than the traditional phase-shift modulation (PSM), such as asymmetrical pulse width modulation
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cascaded with single-phase shift control [7], triangular and trapezoidal modulation [18], and burst-mode
control strategies [6,13,17,20,23–26]. Nevertheless, the high-frequency (HF) transformer configuration
in those cases has been Yy connection. There has not been any extensive research based on the
performance of a 3P-BIDC that adapts the transformer configurations other than the conventional
Yy connection with other switching strategies. The authors of [6] presented experimental results of
the 3P-BIDC using burst-mode switching strategy in medium-load operation. However, burst-mode
switching did not improve the efficiency of the 3P-BIDC in medium-load operation. The authors
further analyzed the performance of the 3P-BIDC in different transformer configurations with the
conventional PSM technique [16]. There has been a lack of analysis of the 3P-BIDC in other transformer
configurations even though the burst-mode switching has been proposed in many studies [17,20,23–28]
and is suitable for light-load efficiency optimization in Yy configuration [27]. Since the potential of
further improving the efficiency of the 3P-BIDC is significant, there is a need to investigate the effects
of different HF transformer configurations in switching techniques other than PSM techniques, such as
the burst-mode switching technique in light-load conditions.

Burst-mode switching technique enables intermittent power transfer during a light-load operation
in single-phase and three-phase bidirectional isolated DC-DC converters [17,20]. The burst-mode
strategy is a method used to improve the light-load efficiency of power converters by minimizing
the switching losses. The method also significantly improves light-load efficiency of other types of
DC-DC converters [23–28]. In burst-mode strategy, the transistors are turned ON and OFF cyclically at
a certain fixed frequency to produce a burst of pulses that can be transferred to the output.

This paper presents the feasibility of operation and compares the efficiency performance of a
3P-BIDC with different HF transformer configurations, namely, Yy, Yd, Dy, and Dd, when it is operated
in continuous and intermittent switching. The 3P-BIDC is modelled in PSCAD by taking into account
the effects that on-state voltage drop in the IGBTs and diodes, snubber capacitors, and three-phase
transformer copper winding resistances will have on the conduction and switching losses, and copper
losses in the 3P-BIDC. Theoretical current stress and loss analyses of the 3P-BIDC in Yy and Dd
transformer configuration are also presented. The theoretical loss analysis is coherent with the loss
measured in the simulated model.

2. 3P-BIDC with Different Transformer Configurations and Different Power Transfer

The operating principles of the 3P-BIDC based on PSM is explained mode by mode in [17,21].
The power transfer equations used in this section are based on [1,15,16]. In this paper, the 3P-BIDC
in Yy, Yd, Dy, and Dd connection are designed to operate in a transformer turns ratio of 1:1. If the
DC-link voltage ratio deviates from the transformer turns ratio, the DC-DC converter will not perform
well. This type of analysis is presented in [17]. For the sake of simplicity, this paper only discusses the
comparison of the 3P-BIDC in different transformer configurations with the DC-link voltage ratios
equal to the transformer turns ratio.

2.1. Wye-Wye (Yy) Connection

Figure 2a shows the Yy connection at the HVS and LVS of the HF transformer, which is a typical
transformer configuration for the 3P-BIDC in Figure 1. The power transfer equation for the 3P-BIDC in
Yy connection for the phase-shift angle range of 0 ≤ δ ≤ π3 is,

Po = PYy =
V1NV2

2π fsLYy
δ
(2

3
− δ

2π

)
, (1)

where V1 and V2 are the HVS and LVS DC-link voltages, respectively, f s is the continuous switching
frequency, δ is the phase-shift angle between the ac phase voltages of bridges 1 and 2 in radians, N is
the transformer turns ratio, and LYy is the per phase leakage inductance of the transformer in the
Yy connection.
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2.2. Wye-Delta (Yd) and Delta-Wye (Dy) Connection

Figure 2b presents the three-phase transformer in Yd connection. The HVS of the transformer is
connected in wye (Y) and the LVS of the transformer is connected in delta (d). The power transfer
equation for phase-shift angles in the range of 0 ≤ δ ≤ π3 is,

Po = PYd =
V1NV2

2π fsLYd

(
δ− π

6

)
(2)

Figure 2c presents the three-phase transformer in Dy connection. This connection is simply the
Yd connection operated in reversed direction. The LVS of the transformer is connected in delta (D) and
the HVS of the transformer is connected in wye (y). The power transfer equation for phase-shift angles
in the range of −π3 ≤ δ ≤ 0 is,

Po = PDy =
V1NV2

2π fsLDy

(
δ+
π
6

)
(3)

Since that the transformer configuration of Dy is the Yd configuration in reverse, the phase angle
is also the opposite of Yd. The leakage inductance of the 3P-BIDC in Yd and Dy connection designed
to operate in buck and boost mode is calculated in Equations (4) and (5) as,

LYd = LY + N2Ld (4)

LDy = N2LD + Ly (5)

According to [15,16], the 3P-BIDC can operate under soft-switching mode when the DC-link
voltage ratio x is in the range of 3

2 ≤ x ≤ 2 and 1
2 ≤ x ≤ 2

3 for Dy and Yd configurations, respectively.

2.3. Delta-Delta (Dd) Connection

Figure 2d presents the three-phase transformer in Dd connection. Both the primary and secondary
side of the transformer are connected in delta connection. The phase shift equation is shown in
Equation (6) for phase-shift angles of 0 ≤ δ ≤ π3 as,

Po = PDd =
V1NV2

2π fsLDd
δ
(
2− 3δ

2π

)
(6)

The leakage inductance, LDd of the 3P-BIDC is equal to LYy. The 3P-BIDC in Dd connection is
designed to operate with a DC voltage ratio of 1:1.

3. 3P-BIDC Simulation Model and Burst-Mode Strategy

In light-load conditions, the converter is operated in such a way that the PSM is combined with
burst-mode switching to generate an intermittent power transfer. In medium to high-load conditions,
only the PSM is employed. The PSM strategy is a continuous switching operation of the 3P-BIDC, while
the combination of PSM and burst-mode switching results in intermittent operation of the 3P-BIDC in
light-load condition.

Figure 3 presents the theory of generating the burst-mode signals. Note that m is the conducting
period and n is the non-conducting period of the burst-mode signal in percentage. The burst-mode
strategy is generated by multiplying two signals. The continuous signal of 20 kHz is multiplied with a
low frequency signal of 20 Hz. The product is an intermittent signal with a low frequency of 20 Hz.
If a 50 ms low frequency signal with a duty cycle of 30% is multiplied with a train of a 50 μs signal of
duty cycle 50% each, 300 gate pulses with a period of 50 μs and duty cycle 50% will last for 15 ms and
there will be no gate pulses for 35 ms, the average output power will be reduced.

40



Energies 2020, 13, 2836

Figure 3. Generation of burst-mode signals by multiplying a continuous 20 kHz signal with one cycle
of 20 Hz signal with a conduction period, m, of 30%.

Figure 4 presents the last two cycles of gating signals for T11 and T21 that are transitioning from
the conducting period to the non-conducting period. The gating signals have a switching frequency of
20 kHz and are phase-shifted by π/6. The burst mode signal in red has a frequency of 20 Hz. Therefore,
T11 and T21 will be switching at 20 kHz when the burst mode signal is in the high state. The intermittent
operation is applied for power transfer less than 0.44 p.u. of the rated power.

 

Figure 4. Gating signals to switches T11 and T21 at δ = 30◦ when multiplied with the burst signal.

The phase-shift angle ranges from 0 to π/6 for power transfer from zero to the rated power using
continuous operation. Moreover, with the same phase-shift angle, when intermittent operation is
applied, the average DC output power is reduced.

Figure 5 shows the simulation model of the 3P-BIDC connected to a battery bank. The HF
transformer is varied according to Figure 2. The simulation model considers losses such as copper
and switching losses in order to represent a practical converter. The battery is modelled with an
internal resistance, Rint, of 5 mΩ. A resistor Rs is connected in series with the transformer to represent
copper loss in the transformer windings. On-state collector-emitter voltage of 1.85 V and forward
voltage drop of 2.17 V are considered in the IGBTs and diodes, respectively. The IGBT model number is
SKM75GB12V with maximum voltage and continuous current ratings of 1.2 kV and 114 A, respectively.

Table 1 shows the 3P-BIDC simulation model parameters. Each design differs in the value of
the DC-link voltages, range of phase-shift angle, and the leakage inductances. When the converter is
operated in Yd or Dy, the DC-link voltage supply that is connected to the wye side of the transformer
is supplied with 520 V and the DC-link voltage that is connected to the delta side of the transformer
is supplied with 300 V. This is to allow the 3P-BIDC to operate in buck and boost mode respectively.
The rated power of 3 kW is designed to be achieved at δ = π/6 for Yy and Dd connections. On the other
hand, the rated power of 3 kW is achieved at δ = π/3 for Yd and at δ = 0 for Dy connections.
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Figure 5. Simulation model of the three-phase bidirectional isolated DC-DC converter (3P-BIDC) with
the Yy transformer connection.

Table 1. 3P-BIDC Circuit Parameters.

Parameters Symbol Values

Rated Power PR 3 kW

Dc-link voltage at bridge 1 V1
300 Vu,w

520 Vv

Dc-link voltage at bridge 2 V2
300 Vu,v

520 Vw

Range of phase-shift angle δ −π3 ≤ δ ≤ π3
Switching frequency f s 20 kHz

Dc-link capacitors C1, C2 3 mF
Snubber capacitors C11–C26 6 nF

Transformer turns ratio N:1 1:1

Transformer leakage inductances/phase
La, Lb, Lc

36.5 μHu (0.15 p.u)
216 μHv (0.31 p.u)

LA, LB, LC
36.5 μHu (0.15 p.u)
216 μHw (0.31 p.u)

Transformer winding resistance/phase Rs 15 mΩ (0.0005 p.u)
u Applies to Yy and Dd configuration, v Applies to Yd configuration, w Applies to Dy configuration. u Based on
300 V, 3 kW and 20 kHz. v,w Based on 520 V, 3 kW and 20 kHz.

Considering the power transfer from bridge 1 to 2, the input (Pi) and output (Po) power are
calculated as,

Pi = V1I1 (7)

and
Po = V2I2 (8)

where I1 and I2 are the average current at bridges 1 and 2, respectively. The efficiency of the DC-DC
converter is determined as the ratio of the input and output power. Note that, when the power is
transferred from bridge 2 to 1, Equations (7) and (8) can be interchanged.

4. 3P-BIDC Simulation Results

4.1. Operating Waveforms

This section presents the results obtained from the simulation of the 3P-BIDC model with
different transformer configurations operated in continuous and intermittent switching, in the
PSCAD environment. Table 2 presents the DC-link voltage at bridges 1 and 2 with different
transformer connections.
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Table 2. DC-link voltages at bridge 1 and bridge 2.

Scenario
Dc-Link Voltage Transformer Connection

V1 (V) V2 (V) HVS LVS

1 300 300 Wye Wye
2 520 300 Wye Delta
3 300 520 Delta Wye
4 300 300 Delta Delta

Figure 6a–d shows the AC voltage and current waveforms of phase A in bridges 1 and 2 in Yy, Yd,
Dy, and Dd transformer connections when the 3P-BIDC is operated using PSM at the rated power.
In Figure 6a, the voltage levels of 200 V and 100 V at bridges 1 and 2 correspond to vap = vas =

2
3 V1

and vap = vas =
1
3 V1 in Yy transformer configuration. AC root mean square (RMS) current of 10 A

flows in both the primary and secondary sides of the transformer. In Figure 6b, the voltage values
of 347 V and 173 V at bridge 1 correspond to vap = 2

3 V1 and vap = 1
3 V1, respectively. The voltage

value of 300 V at bridge 2 corresponds to vAB = V2. The peak AC current of 5.2 A is seen on the HVS,
which is within the rated current of the converter. For the Dy connection, at the rated power of 3 kW,
the voltage value of 300 V at bridge 1 corresponds to vab = V1. The voltage values of 347 V and 173 V
at bridge 2 correspond to vas =

2
3 V2 and vas =

1
3 V2, respectively. This results in a peak AC current

value of 6.6 A at HVS, well within the rated current. The DC-link voltage ratios are 0.58 and 1.73 when
the transformer is connected in Yd and Dy configurations, respectively. In Figure 6d, the voltage levels
of 520 V at both bridges 1 and 2 correspond to vab = V1 and vAB = V2.

  
(a) (b) 

  
(c) (d) 

Figure 6. AC voltage and current waveforms of the 3P-BIDC in different transformer configurations
operating in phase-shift modulation (PSM) at the rated power. (a) Yy. (b) Yd. (c) Dy. (d) Dd.

Figure 7a shows the AC voltage waveform of the 3P-BIDC in Yy transformer configuration for a
full cycle of burst-mode with the conducting period of m = 30% and the non-conducting conducting
period of n = 70% at δ = π

6 . Figure 7b shows the time-expanded waveform of Figure 7a from the
final conducting period to the non-conducting period. During the non-conducting period, AC voltage
shows a time decaying oscillation with the maximum voltage of 50 V and the rms voltage of 35.4 V.
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(a) (b) 

Figure 7. AC voltage waveform of the 3P-BIDC in Yy transformer connection using burst-mode. (a) At
δ = π/6. (b) Time-expanded waveform of (a).

4.2. Efficiency in Various Transformer Configurations

This section presents the light-load efficiency performance of the 3P-BIDC. The efficiency
improvement that compares between continuous and intermittent mode is observed and evaluated at
light-loads of 0.12 p.u. and 0.24 p.u. of the rated power.

Figure 8 presents the relationship between the phase-shift angles of −π3 ≤ δ ≤ π3 and the output
power between±1 per unit, for charging and discharging power. It can be seen that the phase-shift angle
required to achieve the output power from 0 to 1 p.u. changes with different transformer connections.
The power is transferred from primary side to secondary side in Yy and Dd transformer connections
when 0 ≤ δ ≤ π6 . The rated power is achieved at δ = π

6 . In Yd and Dy configurations, the power is
transferred from the primary side to the secondary side when π6 ≤ δ ≤ π3 and −π6 ≤ δ ≤ 0, respectively.

 

Figure 8. Phase-shift angle versus output power curve of the 3P-BIDC with different
transformer configurations.

Figure 9 presents the efficiency versus output power curve of the 3P-BIDC with various transformer
configurations in the continuous operation. The 3P-BIDC in Yd configuration achieved higher efficiency
below 0.28 p.u. and above 0.81 p.u. of the rated power as compared to the other transformer
configurations. The figure also shows that at 0.12 p.u. the efficiency of 3P-BIDC in Yy configuration is
83.6% and in Yd configuration it is 89.4%. Moreover, at 0.20 p.u., the efficiency of the 3P-BIDC in Yy
configuration is 90% and in Yd configuration it is 93%. There is a significant drop in efficiency in the
3P-BIDC during light-load operation (<0.3 p.u.) for all transformer configurations. The 3P-BIDC has
poor efficiency when connected to the Dy transformer.
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Figure 9. Efficiency versus output power curve of the 3P-BIDC with different transformer configurations
in continuous operation.

Figure 10 presents the improvement in 3P-BIDC efficiency of different transformer configurations
when intermittent switching is employed. Figure 10a shows that when the 3P-BIDC is connected in Yy
or Dd transformer configuration, higher efficiency is achieved with m = 30% compared to m = 10%
from power 0.12 p.u. to 0.3 p.u. in terms of improving the converter efficiency. An efficiency as
high as 99.6% is achieved at the power transfer of 0.29 p.u when intermittent operation is employed
with m = 30%. Figure 10b shows that in Yd transformer configuration, the 3P-BIDC efficiency using
intermittent switching with m = 10% is higher compared to m = 30% from power transfer of 0.12 p.u. to
0.21 p.u. For example, at the power transfer of 0.16 p.u., the efficiency of the 3P-BIDC with intermittent
switching m = 10% is 96%, whereas the efficiency of the 3P-BIDC with m = 30% is 94.1%. At the
power transfer of 0.22 p.u., it is seen that the efficiency of the 3P-BIDC with m = 30% outperforms
the efficiency of the 3P-BIDC with m = 10%. At the power transfer of 0.29 p.u., the efficiency of
the 3P-BIDC with m = 10% is 95.7%, whereas the efficiency of the 3P-BIDC with m = 30% is 97%.
Figure 10c shows that the 3P-BIDC in Dy transformer winding configuration obtained higher efficiency
improvements with m = 10% at the power transfer of 0.03 p.u. to 0.25 p.u. For example, at the power
transfer of 0.18 p.u., the efficiency of the 3P-BIDC with m = 10% is 90.3%. At the power transfer of
0.25 p.u., m = 10% reached the maximum range of δ = π

3 and the intermittent switching is operated
with m = 30%. The overall efficiency of the DC-DC converter in Dy transformer configuration is
low compared to the efficiency performance of the DC-DC converter in Yy, Dd, and Yd transformer
configurations, which are above 95% in the light-load conditions. The authors of [6] showed that no
improvement in efficiency of the 3P-BIDC is achieved when the converter is operated in intermittent
switching for medium load. However, the simulation results in Figure 10 show that the efficiency of the
3P-BIDC significantly improved during light-load operation with intermittent switching. Therefore,
the intermittent switching is suitable for light-load operation of the 3P-BIDC.
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(a) 

 
(b) 

 
(c) 

Figure 10. Efficiency versus output power curve of the 3P-BIDC with different transformer
configurations in light-load conditions of less than 0.3 p.u. (a) Yy and Dd. (b) Yd. (c) Dy.

Tables 3 and 4 summarizes the efficiency improvement and power loss reduction of the 3P-BIDC
with Yy, Yd, Dy, and Dd transformer configurations that are observed at light-load power transfers
of 0.12 p.u., 0.24 p.u., and 0.29 p.u, accordingly. As shown in Table 3, the efficiency improvements
of the 3P-BIDC achieved in Yy and Dd transformer configurations at light-load power transfers of
0.12 p.u, 0.24 p.u, and 0.29 p.u are higher compared to the efficiency improvement achieved in Yd
transformer configuration. The DC-DC converter in Dy transformer configuration achieved high
efficiency improvements. However, the overall efficiency remained below 95% in intermittent switching.
Table 4 is consistent in showing that the DC-DC converter achieved the highest power loss reduction
in Dy transformer configuration at light loads. However, the power loss of the DC-DC converter in
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Dy transformer configuration when in intermittent operation is higher than the power losses of the
DC-DC converter in Yy, Dd, and Yd transformer configurations.

Table 3. Efficiency improvement with continuous and intermittent operation in different
transformer configurations.

Po (p.u)

Transformer Configurations

Yy and Dd Yd Dy

Efficiency (%)
EI (%)

Efficiency (%)
EI (%)

Efficiency (%)
EI (%)

A B A B A B

0.12 83.6 95.6
(m = 30%) 12 89.6 93.5

(m = 10%) 3.9 67.0 87.0
(m = 10%) 20

0.24 92.6 99.2
(m = 30%) 6.6 94.9 97.0

(m = 30%) 2.1 81.8 90.9
(m = 10%) 9.1

0.29 96.0 99.6
(m = 30%) 3.6 96.0 97.3

(m = 30%) 1.3 87.8 91.2
(m = 30%) 3.4

A—Continuous mode, B—Intermittent mode, EI (%)—Efficiency improvement as a percentage.

Table 4. Power loss reduction with continuous and intermittent operation in different
transformer configurations.

Po (p.u)

Transformer Configurations

Yy and Dd Yd Dy

Power Loss (p.u.) PLR

(p.u.)
Power Loss (p.u.) PLR

(p.u.)
Power Loss (p.u.) PLR

(p.u.)
A B A B A B

0.12 0.024 0.006
(m = 30%) 0.018 0.014 0.010

(m = 10%) 0.004 0.049 0.02
(m = 10%) 0.029

0.24 0.018 0.002
(m = 30%) 0.016 0.014 0.008

(m = 30%) 0.006 0.048 0.02
(m = 10%) 0.028

0.29 0.013 0.001
(m = 30%) 0.012 0.014 0.008

(m = 30%) 0.006 0.044 0.03
(m = 30%) 0.014

A—Continuous mode, B—Intermittent mode, PLR (p.u)—Power loss reduction in per unit.

The 3P-BIDC has the best performance when operated with Yy and Dd transformer configuration
with a DC voltage ratio that is equal to the transformer turns ratio. The Yd transformer configuration
may also be suitable for applications with different DC voltage ratios such as 520 V and 300 V. On the
other hand, the Dy transformer configuration is unfavorable due to the efficiency achievements of
lower than 95% despite intermittent switching being applied. Note that this paper has not observed
the efficiency performance of the 3P-BIDC when the DC voltage ratio of the 3P-BIDC is not the same as
the transformer turns ratio.

4.3. Analysis of Current Stress in Transformer and IGBT Switches

A stress analysis was conducted on the modelled three-phase transformer and switches to compare
the amount of current stresses on each of the different transformer configurations with the turns ratio
of 1:1. This section theoretically analyses the current stress in the transformer and switches of 3P-BIDC
in different transformer configurations, based on the method in [15]. This theoretical analysis is then
compared with the simulation results.

Table 5 shows the equations used to theoretically calculate the transformer rms current and the
switch rms and transient currents in the 3P-BIDC in the various transformer configurations. The variable
d represents the voltage conversion ratio. In this analysis, d is always equal to 1. This shows that the
voltage conversion ratio is equal to the transformer turns ratio in all transformer configurations.
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Table 5. Transformers RMS current and switch RMS and transient currents.

Transformer
Configurations

Range of Phase
Shift Angle (rad)

ITrms

∑
Irms

∑
Isw

Yy 0 ≤ δ ≤ π3 V1√
243πωLYy

r1
2V1√

243πωLYy
r1

∣∣∣∣ 2V1
9ωLYy

∣∣∣∣p1

Yd 0 ≤ δ ≤ π3 V1√
243ωLYd

m1
(
√

3+3)V1

27ωLYd
m1

∣∣∣ 2V1
3ωLYd

∣∣∣g1

Dy −π3 ≤ δ ≤ 0 V1√
243πωLDy

j1 (3+
√

3)V1

27ωLDy
j1

∣∣∣∣ 2V1
3ωLDy

∣∣∣∣q1

Dd 0 ≤ δ ≤ π3 V1

9
√
πωLDd

r1
6V1√

243πωLDd
r1

∣∣∣ 2V1
3ωLDd

∣∣∣p1

Figure 11 presents the different current stresses in the transformers and switches versus the output
average current of the 3P-BIDC in per unit terms based on the converter rated current. In Yy, Dd,
and Dy, the base current is 10 A and in Yd, the base current is 6 A. The base current is multiplied by 2
for analysis that involves summation of currents in both sides of the converter.

This analysis is conducted for the power transfer range of 0 to the rated power, where the average
current at the DC side ranges between 0 and 1 p.u. Figure 11a shows the rms phase current of the
transformer. It is shown that the current stress increases significantly with the output average current
in Dd transformer configuration. It exceeds the rated current at the output average current of 0.76 p.u.
Figure 11b shows the summation of the rms current of one phase in bridges 1 and 2, which is used to
determine the conduction current stress on the semiconductor switches. The rms current stress of the
switches exceeds 1 p.u. from very low output current for Yd, and from output current of 0.42 p.u. for
Dd transformer configurations.

The Yy transformer configuration results in lowest conduction current stress on the switches.
Figure 11c shows the summation of the current of one phase in bridges 1 and 2 during a switching
instant. The Yd and Dy transformer configurations are the least sensitive to the changes in output
average current. However, the rms current stresses in the transient modes of the 3P-BIDC in Yd,
Dy, and Dd transformer configurations exceed 1 p.u. for all output current range, which indicates
high switching current stress for those transformer configurations. The switching current stress in Yy
transformer configuration is the lowest of all the four types of transformer configurations and does not
exceed the rated current except only after 0.82 p.u. of average output current. Therefore, it can be seen
that the Yy transformer configuration is most suitable for 3P-BIDC in terms of low current stress when
d is 1.
where

r1 =
√
π3(5d2 − 10d + 5) + d(−27δ3) + 54δ2π, p1 =

∣∣∣2π+ d(3δ− 2π)
∣∣∣+ ∣∣∣3δ+ 2π(d− 1)

∣∣∣,
m1 =

√
π2(15d2 − 15d + 5) + d(81δ2 − 27δπ), g1 = π

(∣∣∣∣∣d− 2
3

∣∣∣∣∣+ |2d− 1|
)
,

j1 =
√
π2(5d2 − 15d + 15) + d(81δ2 + 27δπ), q1 = π

(
|d− 2|+

∣∣∣∣∣2d
3
− 1
∣∣∣∣∣).
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(a) 

 
(b) 

 
(c) 

Figure 11. Current stresses in 3P-BIDC. (a) Transformer rms phase current. (b) Summation of the rms
currents in one phase of bridges 1 and 2. (c) Summation of currents at switching instants in one phase
of bridges 1 and 2.
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Figure 12 presents the comparison of the theoretical analysis and the simulated analysis of the
3P-BIDC in Yy transformer configuration. In Figure 12a, the stress analysis in the rms current of the
transformer in the simulation differs only by 1% to the theoretical results. Figure 12b shows that the
highest error percentage of the analysis is 8% by comparing the summation of the rms currents in the
switches that corresponds to one phase of bridges 1 and 2.

  
(a) (b) 

Figure 12. Comparison of theoretical and simulation results of current stress analysis. (a) Transformer
rms current. (b) Summation of rms currents in one phase of bridges 1 and 2 of the 3P-BIDC.

5. Power Loss Estimation

This section presents the estimated power loss distribution and calculation details of the 3P-BIDC
at light-load conditions of 0.12 p.u. and 0.34 p.u. of the rated power in the continuous mode of
operation and comparing it with the light-load conditions of 0.12 p.u. and 0.34 p.u. of the rated power
with a Yy transformer connection. The types of losses considered in the simulation model are copper
losses, conduction losses, and snubber losses. Note that snubber losses are not considered in the power
loss calculations in intermittent operation.

5.1. Distribution of Losses

5.1.1. Copper Loss

The transformer winding resistance is modelled as 15 mΩ in each phase of the transformer. The
winding resistance give rise to practical copper loss in the windings of the transformer. The total
copper loss is calculated as,

Pcu = 3
[
I1

2R1 + I2
2R2
]

(9)

The rms current across the LVS, I1 and the rated current across the HVS, I2 at 0.12 p.u is 1.2 A.
Therefore, the total copper loss is 0.13 W.

5.1.2. Conduction Loss

Conduction loss includes loss during the conduction of an IGBT and a diode of the model
SKM75GB12V. In every switching cycle, only three switches and three diodes conduct. The conduction
loss of the 3P-BIDC is calculated as,

Pcond = 3(VCE + VF)
(
Iavg
)

(10)

where VCE is the on-state collector-emitter voltage of the conducting IGBT, VF is the forward voltage
drop of the conducting diode, and Iavg is the average current.
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5.1.3. Snubber Loss

The 3P-BIDC is assumed to have snubber loss if zero-voltage switching (ZVS) is not achieved.
The snubber loss is calculated as,

Psnub = XCsV2
2 fs (11)

where X is the number of switches that is involved in snubber loss and V2 is the DC-link voltage at the
secondary side.

The converter operated at 0.12 p.u. is assumed to have hard-switching in bridge 1. Therefore,
the number of switches that experience snubber loss, X, is 6. Since ZVS occurs at 0.34 p.u., the snubber
loss is neglected.

5.1.4. Switching Loss

In practical conditions, the turn-off switching loss is not negligible. If ZVS turn on is achieved,
turn-on switching loss is negligible. The average turn-off switching loss is directly proportional to the
square of the switching current and the switch current fall time [29],

PSW =
T f

48Cs
ISW

2 (12)

where ISW is the turn-off switching current and T f is the switching current fall time. However, in the
simulation, only on-state voltage drop and diode forward voltage drop are considered. Therefore, T f
is very short, rendering the switching loss negligible.

5.1.5. Total Power Loss

The total power loss PLoss in the 3P-BIDC is calculated as the summation of copper Pcu, conduction
Pcond, and snubber Psnub losses,

PLoss = Pcu + Pcond + Psnub (13)

The total estimated power loss at 0.12 p.u. and 0.34 p.u. at the rated power is 74.7 W (0.025 p.u.)
and 25.3 W (0.008 p.u.), respectively.

5.2. Numerical Calculation of Losses

This sub-section provides the numerical calculation of losses in the 3P-BIDC at the power transfer
of 0.12 p.u. and 0.34 p.u. at the rated voltage. The power loss is calculated when only PSM and
intermittent operation are employed. From Figure 10, it can be seen that the onset of ZVS is around
0.34 p.u. of power transfer. Hence, no snubber loss is accounted for at the power transfer of 0.34 p.u.

5.2.1. Power Loss at 0.12 p.u (δ = 4◦) in Continuous Mode

• Copper loss

Pcu = 3
[
I1

2R1 + I2
2R2
]

Pcu = 3
[
1.22(0.015) + 1.22(0.015)

]
= 0.13 W (0.000043 p.u.)

• Conduction loss

Pcond = 3(VCE + VF)
(
Iavg
)

Pcond = 3(1.85 + 2.17)(0.816)
= 9.8 W (0.0033 p.u.)

• Snubber loss
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Psnub = XCsVb
2 fs

Psnub = (6)
(
6× 10−9

)
(300)2

(
20× 103

)
= 64.8 W (0.0216 p.u.)

PLoss = Pcu + Pcond + Psnub

= 0.13 W + 9.8 W + 64.8 W
= 74.73 W (0.025 p.u.)

5.2.2. Power Loss at 0.34 p.u. (δ = 10◦) in Continuous Mode

• Copper loss

Pcu = 3
[
I1

2R1 + I2
2R2
]

Pcu = 3
[
3.632(0.015) + 3.632(0.015)

]
= 1.19 W (0.0004 p.u.)

• Conduction loss

Pcond = 3(VCE + VF)
(
Iavg
)

Pcond = 3(1.85 + 2.17)(2)
= 24.12 W (0.008 p.u.)

PLoss = Pcu + Pcond + Psnub

= 1.19 W + 24.12 W + 0 W
= 25.31 W (0.008 p.u.)

The losses in intermittent operation are calculated with the same equation as in continuous operation.
However, since that this intermittent operation is carried out with m = 30%, the calculated total power
loss is multiplied by a factor of 0.3. The phase-shift angles to achieve the power transfer 0.12 p.u. and
0.34 p.u. in the intermittent operation are higher than when only continuous operation is employed.

5.2.3. Power Loss at 0.12 p.u. (δ = 7◦) in Intermittent Mode

• Copper loss

Pcu = 3
[
I1

2R1 + I2
2R2
]

Pcu = 3
[
1.182(0.015) + 1.182(0.015)

]
= 0.125 W (0.000042 p.u.)

• Conduction loss

Pcond = 3(VCE + VF)
(
Iavg
)

Pcond = 3(1.85 + 2.17)(1.4)
= 16.9 W (0.006 p.u.)

• Snubber loss
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Psnub = XCsVb
2 fs

Psnub = (6)
(
6× 10−9

)
(300)2

(
20× 103

)
= 64.8 W (0.0216 p.u.)

PLoss = Pcu + Pcond + Psnub

= 0.13 W + 9.8 W + 64.8 W
= 74.73 W (0.025 p.u)

PLoss = 0.3[Pcu + Pcond + Psnub]

= 0.3[1.125 W + 16.9 W + 64.8 W]

= 24.5 W (0.008 p.u.)

5.2.4. Power Loss at 0.34 p.u. (δ = 19◦) in Intermittent Mode

• Copper loss

Pcu = 3
[
I1

2R1 + I2
2R2
]

Pcu = 3
[
4.92(0.015) + 4.92(0.015)

]
= 2.16 W (0.00072 p.u.)

• Conduction loss

Pcond = 3(VCE + VF)
(
Iavg
)

Pcond = 3(1.85 + 2.17)(2.8)
= 33.8 W (0.0071 p.u.)

PLoss = 0.3[Pcu + Pcond + Psnub]

= 0.3[2.16 W + 33.8 W + 0 W]

= 10.77 W (0.004 p.u.)

Considering the Yy transformer winding configuration, Figure 13 presents the calculated total
loss, compared with the total loss measured from the simulation model, in continuous and intermittent
mode of operations focusing on the power levels 0.12 p.u. to 0.34 p.u. The figure shows that the
minimum power loss is obtained at the power transfer of 1.02 kW, which also indicates the onset of
ZVS [19], hence snubber loss can be negligible.

 
Figure 13. Output power versus power loss of the 3P-BIDC in continuous mode and intermittent mode
during light-load condition with Yy transformer configuration.
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Figure 14a,b presents the copper, conduction, and snubber losses in per unit terms in the continuous
mode of operation. The copper loss increases as the output power increases. This is because there is a
higher rated current flow through the transformer, resulting in higher I2R losses.

  
(a) (b) 

Figure 14. Power loss distribution of the 3P-BIDC in continuous operation; snubber, copper, and
conduction losses at (a) 0.12 p.u. (b) 0.34 p.u.

Figure 15a,b presents the copper and conduction per unit losses in intermittent operation. It is
shown that the intermittent operation applied at 0.12 p.u. and 0.34 p.u. reduced the amount of losses
by 3–4%. This is because the number of switching cycles are reduced, therefore reducing the total
losses in the output.

 
(a) (b) 

Figure 15. Power loss distribution of the 3P-BIDC in intermittent operation; copper loss and conduction
loss at (a) 0.12 p.u. (b) 0.34 p.u.

6. Conclusions

This paper presented the operational feasibility and efficiency performance evaluation of the 3 kW
3P-BIDC in Yy, Yd, Dy, or Dd transformer winding configuration using the combination of PSM and
burst-mode switching to improve the low power transfer efficiency of the converter. The 3P-BIDC
achieved the highest efficiency performance in Yy and Dd transformer configurations in light-load
power transfers in intermittent operation. However, the Yd transformer configuration is suitable and
can result in high efficiency when the DC voltage is not equal on either side of the 3P-BIDC. It is not
preferred to operate the 3P-BIDC with a Dy transformer connection as it results in the overall poorest
3P-BIDC efficiency performance amongst the other transformer configurations. The theoretical current
stress analysis shows that the 3P-BIDC operated with Yy transformer configuration results in the
lowest current stress in the transformer and switches. Moreover, the loss analysis is comparable to the
stress and loss measured in the simulation model for the 3P-BIDC in Yy transformer configuration.
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Abstract: In this article, the practical comparison of the operational performance of the modular
(or multiport) and non-modular bidirectional buck/boost (bi-BB) DC/DC converter is realized.
The main contribution of the work is the evaluation of both concepts based on various aspects,
considering the qualitative indicators of the systems relevant for microgrids. Here, we discuss
efficiency, electrical properties, costs, and component values. At the same time, critical comparisons
are provided for converters based on SiC and GaN technology (non-modular high-voltage SiC-based
dual-interleaved converter and modular low-voltage GaN-based). The concepts are specific with
their operating frequency, whereby for each solution, the switching frequency is different and
directly influences relevant components. The efficiency, overall system volume, output voltage ripple,
and input current ripple are compared mutually between both concepts with a dependency on power
delivery. These factors, together with overall volume and costs, are very important considering
modern converters for microgrid systems. The summary of pros and cons is realized for each of the
proposed converters, whereby the evaluation criterion is reflected within the electrical properties
targeting microgrid application.

Keywords: bidirectional converter; high efficiency; GaN; SiC; buck-boost converter; high
switching frequency

1. Introduction

Electricity generation, transmission, and distribution are being revolutionized due to various
economic, technical, and environmental reasons. A microgrid (MG) is among the new technologies that
have attracted great attention recently. The existing centralized grid system is actively being replaced
by distributed energy resources located closer to consumers to meet their requirements effectively and
reliably. A microgrid is a modern distributed power system using local, sustainable power resources
designed through the various smart grid in initiatives. Energy resources such as small capacity hydro
units, wind turbines, and photovoltaic systems, in cooperation with energy storage systems, are within
MG for electrification. Here, we discuss mainly households where grid electricity access is not simple
due to poor access to remote areas or technical skills [1–4].

A DC-based microgrid is one of the proposed architectures for geographically remote users.
The considered architecture can investigate the performance and feasibility of a DC-based microgrid for
the small domestic area, as illustrated in Figure 1. In this model, several types of sources, such as solar
energy, a wind power generator, or an energy storage system (ESS), are connected to the DC distribution
node. Each energy source is connected to a common DC node through a relevant power converter.
For example, a wind generator uses an AC/DC isolated PFC converter; solar panels use MPPT boost
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converters; and ESS is mostly equipped by bidirectional buck/boost topology to deliver energy into DC
distribution bus. The DC bus is connected to different types of load, which may require power in the
form of DC or AC and can be achieved by using DC/DC buck or DC/AC converters [5,6]. Decentralized
energy sources can also be considered in the context of electric vehicle batteries, which can also serve
as an energy storage system if needed. For such distribution and proper cooperation of individual
ESSs, the network must allow bi-directional power flow between them and even between them and
DC bus [7,8].

 

Figure 1. Typical structure of power electronics-based DC microgrid.

Bidirectional energy flow between the DC bus and ESS can be secured by a wide spectrum of
power converter topologies, among which the buck/boost converter is mostly utilized due to definitions
on input/output operational parameters [8–11]. Even bidirectional buck/boost (bi-BB) topology exhibits
many variations (considering isolation, soft-switching, etc.); it is recommended to utilize the robust,
reliable, redundant, and efficient solution. Simultaneously, such a solution shall not require high
investments and cost for design and development [12–16].

Due to the mentioned fact, this paper focuses on the more detailed investigation and analyses of
standard bidirectional buck/boost converter (two alternatives). At the same time, the main criterion of
the evaluation is reflected within efficiency performance, costs, and input/output ripple of electrical
variables. Here, an interleaved non-modular solution of a bi-BB converter equipped with SiC technology
is compared to modular solution equipped by GaN transistors. Concepts differ in power semiconductor
technology; thus, operating frequency and power level of individual modules comprising the whole
converter system are specific for both types. For the evaluation of pros and cons, specifications on
operational parameters have been defined considering DC microgrid subpart ESS–BiBB converter–DC
bus. Due to purposes of laboratory testing, the converters are prototyped in a reduced power ratio, i.e.,
1:10 related to power delivery and electric stress (reflected in power losses). A detailed evaluation of
both technological concepts is provided, while key evaluation criteria are subjected to the main specifics
of the microgrid systems (concept flexibility, complexity). The major contribution is focused on the
mutual evaluation of SiC technology and GaN technology from the perspective of the application
scope. In contrast, such evaluation concerning the functionality of the target application was not
carried out in detail in already published studies [17–21].
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2. Bi-BB Converter from Non-Modular to Modular Topology—Properties Analysis

For the purposes of the analyses related to the design of a microgrid’s ESS power converter
system, the focus is given on the determination of electrical properties of non-isolated bidirectional
buck/boost alternative, whose principal diagram is shown on Figure 2 [4]. Since interleaved topologies
are becoming increasingly utilized due to the number of positives, here we consider dual interleaved
bi-BB converter as non-modular topology (Figure 3). The modular concept of n-modules will be
composed of standard bi-BB converter (Figure 3), while the means of the connection of input/output
terminals is described later within text.
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Figure 2. Operational properties of bidirectional buck/boost converter (left) and its circuit diagram
(right).
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Figure 3. Circuit schematic of non-modular interleaved bi-BB converter (a) and circuit schematic of
one module for the modular solution of bi-BB converter (b).

Investigation of the waveforms of voltages and currents might be considered for the output and
input parts of the converter as well. Regarding current ripples, they influence the effective value
of current of the output capacitor, what affects its lifetime. Therefore, analyses according to current
ripples must be provided if the optimized operation of the converter is the target [22–24].

Current/Voltage Ripple Dependencies

One module of the modular converter and one two-phase non-modular converter is depicted in
Figure 3. The difference in the modular and non-modular converter is that the modular converter has
modules connected in series, i.e., outputs are connected in series, and input sources are independent of
each other. On the other side, the connection of modules in a non-modular converter is in parallel.
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The assumption is that the inductor current is continuous in cases where the converter works in a
boost or a buck mode, as shown in Figure 2. In a steady state, the inductor current is the sum of the
DC and AC parts. If the condition of minimal value of input capacitor Equation (1) is satisfied [25],
the input current drawn from the battery is constant. In this case, the AC component is provided by
the capacitor current. Then, the AC component is equal to the ripple of the inductor current, Equations
(2) and (3) [17], which are valid for the boost and a buck converter, respectively.

Cmin =
ΔIL

8 fswΔVCIN
(1)

ΔIIN = ΔIL = ΔICIN =
VIN

L fsw
D (2)

ΔIIN = ΔIL = ΔICIN =
VOUT −VIN

L fsw
D (3)

where Cmin is the minimal value of input capacitance, fsw is the switching frequency, ΔVCIN is the
voltage ripple on the input capacitor, ΔIIN, ΔIL, and ΔICIN are the values of the ripple of the input
current, the inductor and the input capacitor, respectively, VIN is the input supply voltage, D is the
duty cycle, and VOUT is the value of the converter output voltage.

The inductor current ripple, Equation (2), is dependent on the input voltage (battery voltage), duty
cycle, inductor value, and the switching frequency. A modular converter, unlike a non-modular one,
has separate input sources. A non-modular converter has one input source or input source connected in
series (e.g., serially connected battery packs). It means that the input voltage is much lower in the case
of a modular converter, and therefore the current ripple is much smaller. This fact significantly reduces
the ripple of the input current. Therefore, an inductance with a much smaller value is enough to
maintain the same input ripple in comparison to the non-modular solution. For example, the n-module
modular converter is used, and n-series connected battery packs are used for the non-modular case,
the inductor value should be n times lower for the maintenance of the same current ripple.

The character of the input capacitor current for both converters is triangular, not impulse. Therefore,
the impact on a voltage ripple is smaller than in the case of the impulse current. The input voltage
ripple is dependent on an AC component of the inductor current and ESR of the battery pack and
input capacitor. However, due to DC current drawn from the battery, as was mentioned earlier, and the
parallel-connected battery pack with high capacity to the input capacitor, the input voltage ripple
is negligible.

The topology of the non-modular converter is classical interleaved bidirectional buck/boost
converter. In the case of interleaved topology, it is possible to achieve a state when the input current
ripple is zero due to current ripple cancelation between parallel-connected phases [26–28]. This situation
is depicted in Figure 4, [29]. The ratio between the input current and the inductor current is shown.
It is an advantageous property in cases where the operation of the converter is at or around the desired
duty cycle. In the case of a four-phase converter, the desired duty cycle is 0.25, 0.5, and 0.75. Ideally,
the input voltage ripple is also zero or almost zero. It can be seen from Figure 4 that the ripple of
the input current is smaller over the entire range of the duty cycle (ΔIL is also inductor current of
the modular converter). This statement applies under the condition mentioned above, and the input
voltage is the same for the modular and non-modular converter. A more detailed explanation of a
current ripple for the interleaved topologies is given in Appendix A.
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Figure 4. The input current ripple cancellation for 2-,3- and 4-phase interleaved converter, [30].

For a better image of the current and voltage ripple cancellation at the output of the modular
converter, the simplification of the converter must be performed. If we simplify the given converter by
the replacement of the output series-connected capacitor with one capacitor, then the current to this
capacitor is continuous and does not have a pulse character (only triangular) during operation for up
to 87.5% of the duty cycle. This operational mode is valid for modular concepts; thus, it meets this
criterion. The value of the capacitor is then n times lower, and ESR is n times higher. The load current
of the simplified converter (conventional bi-BB converter) is equal to the effective value of the capacitor
current of the one module in the modular converter. The ripple of the output capacitor current is as
follows:

ΔIC =
VOUT −VIN

8L fsw
(4)

An explanation of the simplification and calculation of the output current ripple is given in
Appendix B.

In the case of the non-modular converter, the output capacitor current is continuous when the
value of the duty cycle is above 50%. Otherwise, the current has a pulse character, and the ripple is
much higher. Therefore, the utilization of a modular converter is a better solution because the current
ripple cancelation is within the wide operational range of the converter. The voltage ripple calculation
is performed according to Equations (4) and (5), respectively [17].

ΔVC =
ΔIC
C fsw

(5)

3. Bi-BB Converter Design Guideline Considering Components Selection and Costs

Since the design of the bi-BB converter must be adjusted to the nominal parameters of the target
application, the input specifications are exactly defined (Table 1). The target application is considered
as a low-power installation of a smart-grid node within the family house. The primary source of
energy from renewable energy types is the photovoltaic block (Figure 1), which supplies the MPPT
converter, whose output supplies the DC bus with 600 V of nominal voltage, which represents the
input side of the bi-BB converter. For the modular system, the input voltage is divided between the
serial connection of the modular converter blocks (Figure 5).
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Table 1. Operational parameters of target application reflecting the situation from Figure 1.

Parameter Value

Output voltage range from PV panels 500–560 V DC
Output power from PV panels 10 kW peak
Output voltage (DC bus voltage) 600 V DC
Output MPPT converter power 10 kW peak

Figure 5. Block diagram of non-modular converter concept (left) and modular converter concept (right).

The input voltage for both concepts shall be 600 V, thus for the non-modular solution, the output is
single. In contrast, the modular solution is characterized by the serial connection of the input terminals
of the individual converters. The output of bi-BB supplies energy storage components (battery pack).
At the same time, the non-modular concept is defined by 520 V of single output voltage, whereby the
modular concept has an n-independent low-voltage output connected to ESS. The advantage of a
modular concept is the possibility of active battery management provided by individual modules of
the concept, as it has an independent output connected to batteries. It improves power management
and prolongs life expectations, as discussed in [30,31]. The non-modular solution shall be equipped by
additional active/passive balancing units if required.

Focusing on the circuit component selection, the modular system may be based on the GaN
technology of the semiconductor components. Such a solution is suitable due to the division of the
power and voltages to separate individual modules in reduced merit. It also enables us to increase
switching frequency several times. Such an approach might reduce the dimensions of used components
(magnetic components, capacitors, PCB). Thanks to lower dimensions, it is possible to design converters
with smaller PCB, while the volume of a complex modular system would be smaller compared to the
non-modular system. Operational parameters of the non-modular system predetermine SiC technology
as the main switching component. The switching frequency for these components can be higher
compared to standard Si transistors, whereby, considering high voltage and power levels, it is not
recommended due to efficiency reduction. Next, Equations (6)–(8) were used for the determination of
the values of the main circuit components (Figure 3) affecting the converter volume.

Figure 6 shows the 3D dependency of the values of inductor L and filter capacitor COUT received
using (6)–(8) for the situation when the number of modules and switching frequency vary [17]. At the
same time, input/output parameters are relevant for individual module count.

L[H] =
Vin (Vout −Vin)

ΔiL Iout_max fsw Vout
(6)
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where Vin is the input converter voltage (V), Vout is the output converter voltage (V), fsw is the switching
frequency (Hz), ΔiL is the ripple of inductor current (%), and Iout_max is the maximum output current
(A).

D[%] = 1− Vin_min

Vout
(7)

where Vin_min is the minimum input converter voltage (V), and Vout is the output converter voltage (V).

Cout[F] =
Iout_max D

ΔVout fsw Vout
(8)

where Iout_max is the maximum output current (A), D is the duty cycle (%), fsw is the switching frequency
(kHz), ΔVout is the ripple of the output voltage (%), and Vout is the output voltage (V).

  
(a) (b) 

Figure 6. Three-dimensional dependency of the value of inductance L (a) and the value of capacitance
C (b) on switching frequency and number of converter modules.

It must be noted that the interpretation considers one module situation. For the whole modular
solution, the result must be multiplied by the relevant number of the considered modules.

Table 2 shows input/output parameters that have been included within the calculation of the L
and COUT if real operational conditions are valid. At this point, the need for semiconductor devices
is considered for various scenarios. It is seen that for the non-modular solution, a high voltage SiC
transistor module is needed. For two and four modules, high-voltage GaN transistors (650 V) must be
used, while for a higher number of modules, it is allowed us to utilize 100 V GaN transistors.

Table 2. Table of input/output variations for various bi-BB concepts dependent on Nr. of modules.

Module Count
Output
Voltage

(V)

Input
Voltage

(V)

Output
Power

(W)

VDS

(V)
ID

(A)
RDSon

(mΩ)

1 (nonmodular) 520 600 10,000 1200 (SiC) 30 75
2 260 300 5000 650 (GaN) 30 55
4 130 150 2500 650 (GaN) 30 55
8 65 75 1250 100 (GaN) 30 15
16 32.5 37.5 625 100 (GaN) 45 15
20 26 30 500.5 100 (GaN) 45 15

At this place, the economic performance, together with efficiency and power density calculation,
is given. Initially, Table 3 shows an expert estimation of the investments necessary for the design
of proposed solutions of the bi-BB converter. The estimation considers with the whole bill of
materials of electronic parts (power semiconductor components, drivers, magnetic components,
passive components, and PCB), while the standard distribution network was considered. It is seen that

63



Energies 2020, 13, 3287

the initial costs of the non-modular DC-DC interleaved converter based on the SiC technology are
comparable to the initial costs that are relevant for up to a 16-stage modular DC-DC converter.

Table 3. System costs evaluation for various bi-BB concept dependent on Nr. of modules.

T CIN COUT L PCB Others Total

non modular (50 kHz) 20 12 40 150 490 40 712 €
2 modules (100 kHz) 65 11 14 22 320 20 432 €
4 modules (100 kHz) 130 22 26 56 275 22 509 €
8 modules (100 kHz) 83 28 37 80 210 27 438 €
16 modules (100 kHz) 167 38 180 73 320 40 778 €
20 modules (100 kHz) 209 65 210 100 280 50 864 €

Figure 7 shows the graphical interpretation of the so-called qualitative parameters of power
semiconductor converters with a dependency on switching frequency. Here, it was defined that
these parameters are material costs, efficiency, and expected converter volume (concerning power
delivery can be considered as power density). Initially, a non-modular solution is compared that has
a dependency on switching frequency. It is seen that with the increase in the switching frequency,
the costs together with volume decrease, which is related to the fact that smaller reactive components
can be used within the converter’s main circuit. Efficiency is almost similar for each of the operating
frequencies, as SiC transistors are suitable for the investigated range of this parameter.

Figure 7. Comparison of qualitative parameters for a non-modular concept in dependency on
switching frequency.

Consequently, comparisons are provided between non-modular and modular concepts,
while switching frequency is considered as 100 kHz. Considering the volume of the converter
(power density), a non-modular solution exhibits performance that is most suitable regarding
given switching frequency and input/output parameters that are limited due to power delivery
and semiconductor performance (Figure 8). For high power levels, it is expected to operate at lower
frequencies in order to prevent unwanted negative impacts (safety reasons, EMC, efficiency reduction,
etc.). At the same time, robust semiconductors must be used (IGBT, SiC MOSFETS) [32–34].
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Figure 8. Comparison of qualitative parameters for the non-modular and modular concept for 100 kHz
of switching frequency.

The modular solution is not attractive for low switching frequencies due to a power density point
of view, which influences the cost of such a solution. On the other side, it is seen that this parameter is
best for the case of an eight-module solution. It is related to cheaper power components when the
input/output voltage is reduced. Thus, components with lower current/voltage loading can be utilized,
and a reasonable number of modules shall be selected (for 20 modules, the cost is very high due to the
high number of components). Therefore, the high-switching frequency operation is easy to utilize.

Evaluation of the impact of switching frequency increase is reported in Figures 9 and 10, where only
modular solutions are compared for 500 kHz and 1 MHz. With this increase, the volume of the passive
components can be visibly reduced. Moreover, when GaN technology is considered, the volume of the
semiconductors also minimizes. A GaN-based converter system has a big advantage if a very small
volume and weight are required. Typical examples are mobile systems, compact converter systems,
or electromobility. From Figures 9 and 10, it is seen that with the increase in switching frequency,
the total volume of the modular converter system can be reduced below the volume of the non-modular
solution, whereby this is valid from 500 kHz of switching frequency and above four numbers of the
modules. The positive impact of frequency increase is the opposite if efficiency is evaluated. For 1 MHz
of switching frequency, the efficiency drops below 93% if more than eight modules are used.

Figure 9. Comparison of qualitative parameters for the modular concept for 500 kHz of switching frequency.
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Figure 10. Comparison of qualitative parameters for the modular concept for 1 MHz of switching frequency.

4. Comparison of Operational Properties of Proposed Eight Modules Bi-BB Modular Converter
and Bi-BB Non-Modular Interleaved Converter

4.1. Concepts Description

Due to initial validation purposes, the parameters listed in Table 1 were reduced by the power
ratio 1:10. Considering similar conditions to the real system, voltage levels were also modified for
experimental prototypes of converters (Table 4). The block diagram (Figure 11) indicates the voltage
levels selected for practical experiments, while the values are reduced for power delivery of 1 kW full
power (the real system operates at 10 kW).

Table 4. Operational parameters of bi-BB converters in a modular and non-modular concept valid for
laboratory verifications.

Input
Voltage
(Vdc)

Input
Current

(A)

Output
Voltage
(Vdc)

Output
Current

(A)

Switching
Frequency

(kHz)

Output
Power

(W)

Phase
Shift

(◦)
Non-modular

converter 90–110 10 200 5 150 1000 180

Converter for
modular concept 10–14 10 25 5 500 125 45

 
Figure 11. Block diagram of non-modular converter concept (left) and modular converter concept
(right) in reduced power ratio.
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The converters in the modular solution are phase-shifted by 360/8◦ to achieve a low output voltage
and current ripple. However, this power ratio emulation is also reflected within component design and
selection of the converter’s main circuit devices in order to provide us with the most realistic conditions
as possible. The non-modular concept utilizes SiC transistors operating at lower switching frequencies
(app. 100 kHz) and uses standard inductors. On the other hand, in order to provide an increase in
power density performance, the modular concept utilizes low voltage/high-speed GaN transistors
(operating over 300 kHz) with planar inductors. This approach shall demonstrate the optimization
possibilities of a bidirectional buck-boost converter using a modular converter concept.

The physical prototypes of the converters were designed based on parameters given in Table 4.
Table 5 lists the main circuit components used within a non-modular and modular converter prototype.

Table 5. List of used electronic parts for modular and non-modular concept.

Inductors
Power

Transistors
Input Capacitors Output Capacitors

Gate
Drivers

Non-modular
converter

2 × PQ40 N87
material, 220uH

Cree
C3M0065100K

2 × 150uF/450 V
Rubycon +MLCC 100nF

2 × 270uF/450 V
Nippon +MLCC 100nF

AD4223
SOIC16

Converter for the
modular concept

Bourns 15 μH
automotive inductor

GaN systems
GS61008T

8 ×MLCC 4.7 μF/100V,
2 × Nichicon 1500 μF/35
V electrolytic capacitors

- LM5113
WSON10

Figure 12 shows a physical sample of proposed bi-BB converters. The non-modular concept uses
inductors that are made on PQ40 N87 cores, while the winding is made of isolated copper foil in
order to achieve low conduction losses. In order to secure the safe operation of the control system,
the isolation on the side of gate drivers was used.

p

  

Figure 12. Comparison of cost of non-modular and modular converter concept in dependency on the
number of modules and switching frequency.

An experimental prototype of one module that is used for a modular concept, where eight
converters with separate inputs and common output are connected to achieve the 200 V of the output
voltage, is shown in Figure 12 as well. The proposed module consists of two boards. The horizontal
motherboard is composed mostly of filtering components like electrolytic capacitors with MLCC
capacitors and power inductors. The vertical board consists of GaN transistors with gate drivers,
DC/DC isolated modules, optical isolators, and connector sockets. The vertical board is connected to
the motherboard trough socket for better serviceability of measured parameters and more suitable
electronic components maintenance.
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4.2. Operation Properties Comparisons

The experimental measurements focused on the evaluation of main operational characteristics
for both the buck and boost mode of designed bi-BB converter concepts. The evaluations were made
separately for efficiency and voltage/current ripples. The laboratory equipment and experimental
set-up used within measurements are shown in Figure 13.

 
Figure 13. Preview of laboratory equipment and experimental set-up during measurements.

For buck and boost mode, three input voltages were applied, while the investigated variables
were analyzed for the whole output power range. Figure 14 shows the efficiency dependency for the
boost mode, while the input voltage varied within 90 V and 110 V. Both tested solutions offer almost
97% efficiency, whereby the difference between analyzed converter types is visible in dependency on
output power. The input voltage of the modular system is created by a sum of eight voltages on the
inputs of individual modules. The efficiency decreases with the increase in output power, while on the
other side, the non-modular system has increasing character. These facts are caused due to operational
character, for example, due to the three times higher switching frequency of modular concept.

Figure 14. The dependency of efficiency on output power and input voltage for proposed bi-BB
converters for boost mode.
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Even for the buck mode of operation, the modular system has a decreasing character of efficiency
(Figure 15), which is also a cause of the higher number of switching transistors that are used.
More transistors cause more hard switching losses and lower efficiency for higher output loads. If both
efficiency characteristics for boost and buck mode are analyzed, the modular solution exhibits an
advantage below 60% of the nominal power. In contrast, above this point, non-modular solutions
become more effective.

Figure 15. The dependency of efficiency on output power and input voltage for proposed bi-BB
converters for buck mode.

Figure 16 shows the output current ripple of the systems in boost mode of operation. The modular
system has a current ripple of around 1% and a non-modular system around 3% if nominal power
is considered. From the diagram, it is seen that the modular concept has a lower ripple than a
non-modular system within the whole power range. This fact is caused by the higher switching
frequency in a modular system and interleaved operation given by the 360/8◦ ratio of control signals.

Figure 16. The dependency of output current ripple on output power and input voltage for proposed
bi-BB converters for boost mode.

Figure 17 shows the output current ripple of the systems in the buck mode of operation.
The modular system again reaches much lower values compared to the non-modular system, while the
values of the ripple are below 0.5% if the output power is higher than 30% of the nominal converter’s
power. During the change in the input voltage, a modular solution exhibits visible independence, while
the non-modular system is visibly dependent if the ripple vs. input voltage is analyzed. The lowest
ripple for the non-modular solution is achieved at a high output power, which is related to the extension
of the duty cycle if the output power is increased.
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Figure 17. The dependency of output current ripple on output power and input voltage for proposed
bi-BB converters for buck mode.

Figures 18 and 19 show the dependency of the output voltage ripple of both concepts in the
boost and buck modes of operation. The modular system has a voltage ripple around 0.8% and
a non-modular system around 1.6% at the nominal point of operation if buck mode is considered.
For boost mode, the modular system has voltage ripple around 1% and the non-modular system
around 1.8% at full power. If both operational modes are analyzed (buck and boost), the modular
system has a better voltage ripple performance than a non-modular system for any voltage level
applied at the input terminals of converters.

Figure 18. The dependency of output voltage ripple on output power and input voltage for proposed
bi-BB converters for boost mode.

Figure 19. The dependency of output voltage ripple on output power and input voltage for proposed
bi-BB converters for buck mode.
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Previous analyses showed the advantages and disadvantages of the operational characteristics
of designed bi-BB converters. Both have pros and cons related to costs, power density, efficiency
performance, as well as the character of electrical variables. Related to the mentioned facts, it is further
valuable to investigate the impact of previous research within the target application (i.e., microgrid),
where designed converters are used as energy flow control blocks. Seeking higher flexibility for
experimental analyses, it is valuable to use hardware in the loop (HIL) simulations, giving more time
and space for system optimization.

5. Conclusions

This article deals with the analysis, description of the design, and experimental testing of modular
and non-modular bidirectional converter for the energy management block in the energy hub for
households. The modular topology was realized by eight modules based on new, very fast GaN
transistors technology, which allows increasing the switching frequency up to the range of megahertz.
Generally known, this fact causes decreases in the dimensions, volumes, and weight of converters
and decreases costs for certain situations. The non-modular topology was also based on new SiC
transistors, which also allows the use of high switching frequencies and reduces overall volume and
costs. The main electronic parts for designed prototypes, together with specifications of input/output
parameters, have been defined for verification of various operational scenarios.

The physical samples of both topologies were successfully tested in laboratory conditions in
the full range of output loads, and the efficiency, output voltage ripple, and output current ripple
parameters were investigated. The different input voltages were tested for the converters to investigate
the behavior of converters for different conditions. The received results and characteristics were
discussed in detail within this paper. The modular solution has better voltage and current ripple
performance due to the interleaving technique of individual modules. The SiC-based non-modular
solution has slightly better efficiency for the full power condition (1000 W). The efficiency characteristics
of both topologies are comparable, and the efficiency reaches almost 98%.
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Appendix A

The investigation of input current ripple ΔiINpp is based on a sum of inductor ripple currents
ΔiL1pp and ΔiL2pp. The input ripples are analyzed separately for the duty ratios: D ≤ 1/2, 1/2 ≤ D < 1.
The necessity for this separation is in the different operation modes of the non-modular converter for
D ≤ 1

2 and 1/2 ≤ D < 1 to obtain current ripple value. In the first case, the transistor T1 (lower transistor
in a first phase) is on, and the transistor T3 (lower transistor in a second phase) is off. This means that
the current iL1 in a first phase has a positive slope with a value Vin/L (Equation (A1)), and on the other
hand, the current iL2 in a second phase has a decreasing character with a slope of (Vin − Vout)/L, as is
shown in Equation (A2). The sum of the ripples ΔiL1pp and ΔiL2pp, which are ripples of the currents iL1

and iL2 within the duty ratio period, gives a value of input current ripple ΔiINpp. This assumption is
valid for the input current of a boost converter.

The same manner can be used for a buck mode within the investigation of output current ripple.
It must be stated that the output current of a buck converter is an input current of the non-modular
converter as well.
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The inductor current ripples and input current ripple for boost interleaved non-modular converter
is seen in Figure A1. During the state, as mentioned earlier (T1 is on, and T3 is off), the voltage across
the inductor L1 is equal to Vin. From Faraday’s law, it is known that the voltage across an inductor is
equal to the inductance L times the rate of the current change VL = Ldi/dt, and therefore for diL1 and
diL2:

diL1 =
VIN

L
dt (A1)

diL2 =
VIN −VOUT

L
dt (A2)

and in this state dt = DTS.
Therefore, the values of ripples for D < 1/2 are expressed in Equations (A3)–(A5)

ΔIL1pp = ΔIL1 =
VIN

L
DTS (A3)

ΔIL2pp = ΔIL2 =
VIN −VOUT

L
DTS (A4)

Then, the solution for input ripple current is as follows:

ΔIINpp = ΔIL1pp + ΔIL2pp =
VOUT

L
DTS(1− 2D) (A5)

The solution of input current ripple for the duty ratio within a range of 1/2 ≤ D < 1 is shown in
Figure A2.

Figure A1. Input and inductor currents for D < 1
2 .
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Figure A2. Input and inductor currents for 1/2 ≤ D < 1.

The inductor current ripples are given in Equations (A6) and (A7). The procedure for obtaining
Equations (A6) and (A7) is the same as in the previous case. The difference is that the dt = dTS. The new
parameter d is involved in the calculation because the input current ripple occurs within the interval
dTS. The parameter d is expressed in Equation (A8). The procedure for obtaining an equation is

ΔIL1pp = ΔIL1 =
VIN

L
dTS (A6)

ΔIL2pp = ΔIL2 =
VIN

L
dTS (A7)

d = D− 1
2

(A8)

Then, the solution for the input current ripple is a sum of the inductor current ripples, Equation
(A9).

ΔIINpp = ΔIL1pp + ΔIL2pp =
VOUT

L
DTS

(
D− 1

2

)
(2− 2D) (A9)

These solutions for D ≤ 1
2 and 1/2 ≤ D < 1 are also shown in Table A1. The number of phases is

two, and interval I and interval II are considered. It must be stated that with an increase in the number
of phases, the number of intervals also increases. This is due to the greater number of operating modes
of the converter. Therefore, the n-phase converter is divided into n intervals.

The same assumption is valid for the converter in a buck mode. The difference is only in output
Vout and input voltage Vin. It should be noted that the output voltage of the boost converter is the
input voltage of the buck converter. Therefore, for a non-modular converter, the equations are the
same. Then, the input current ripples for the two-, three-, four- and n-phase non-modular converters
in a boost and buck mode are shown in a Tables A1 and A2, respectively.
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Appendix B

The inductor and output capacitor currents iL1, iL2, iC1, and iC2 are depicted in Figure A3 for two
modules of the modular converter. It is seen that the inductor current ripple ΔIL1 in one-phase is equal
to capacitor current ripple ΔICoff during the period that the transistor of the relevant phase is switched
off. Therefore, according to the previous procedure, the following equation is valid:

ΔIL1 = ΔICo f f =
VIN −VOUT

L fS
(1−D) (A10)

In the modular converter, the topology simplification can be used. The output capacitor is
connected in series; then, the final value of the output capacitor is eight times lower. If we consider one
output capacitor, the waveform of the output capacitor current is displayed in Figure A3 with a blue line.
It is seen that the modified period of the output capacitor ripple current is one eighth of the switching
period. This is due to the equal phase-shifting of the eight-module converter. Then, the output capacitor
current ripple ΔICout is dependent on a slope of the inductor/capacitor current and the modified period.

Figure A3. Output capacitor and inductor current of modular converter.

The duration of the slope of the inductor current is (1 − D) TS, and the ripple is as follows.

ΔIL =
Vout −Vin

L fsw
(1−D) (A11)
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The duration of the output capacitor current is 1/8 TS. Then we can write:

ΔIC =
1
8

Vout −Vin
L fsw

(A12)
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Abstract: Widespread dissemination of electric mobility is highly dependent on the power converters,
storage systems and renewable energy sources. The efficiency and reliability, combined with the
emerging and innovative technologies, are crucial when speaking of power converters. In this paper
the interleaved dc–dc topology has been considered for EV charging, due to its improved reliability.
The efficiency comparison of the SiC-MOSFET and Si-IGBT-based converters has been done on wide
range of switching frequency and output inductances. The interleaved converters were considered
with the optimal switching parameters resulting from the analysis done on a detailed parasitic circuit
model, ensuring minimum losses and maintaining the safe operating area. The analysis included
the comparison of different inductors, and for the selected ones the complete system efficiency
and cost were conducted. The results indicate the benefits when SiC-MOSFETs are applied to
the interleaved dc–dc topology for wide ranges of output inductances and switching frequencies,
and most importantly, they offer lower total volume but also total cost. The realistic and dynamic
models of power devices obtained from the manufacturer’s experimental tests have been considered
in both LTspice and PLECS simulation tools.

Keywords: electric vehicle (EV); fast charging; interleaved dc–dc converter, SiC devices; Si devices

1. Introduction

Environmental concerns and green energy goals have led to the growing interest in electric vehicle
(EV) and plug-in hybrid electric vehicle (PHEV) technologies, since they offer reduced greenhouse
emissions [1]. Governments worldwide are encouraging electric transportation with public policies
and new standards. However, the critical points in the large changeover from combustion engine to
EVs are still the batteries, suitable chargers and charging infrastructure [2].

In general, the batteries can be charged by on-board chargers (slow chargers) and off-board
ones (fast chargers), both unidirectionally or bidirectionally. In either case, both the topologies and
power ratings of the converters differ greatly [3]. EV battery chargers include both a dc–dc stage
(typically buck/boost or switch-mode converters) and an ac–dc stage (controlled or uncontrolled
rectifiers). The ac–dc stage should ensure high power quality operation, while the dc–dc stage
should ensure high controllability and operability with constant current and voltage on battery
side [4]. The on-board chargers can be conductive (with direct contact) or inductive (transfer power
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magnetically) [5]. These chargers are nowadays widely employed, but are constrained by weight,
space and cost. Nonetheless, all battery chargers have to be of high efficiency and reliability, and high
power density. Their operation depends on components, sizing, control and switching strategies.

Fast charging refers to the off-board charging stations with at least 50 kW rated power [6].
Off-board chargers are less subjects of restrictions when compared to on-board chargers and feature
high charging rates [7]. Various solutions for both ac–dc and dc–dc stages have been proposed and
proven promising [8–12]. The concept which can be viably adopted is interleaved (also multiphase)
converters, leading to higher efficiency, with possibilities of current ripple cancellation, and reduction in
EMI and output filter size. [8,11,12]. Using interleaving, the power stage of a converter is symmetrically
distributed into several smaller power stages. Consequently, the sizes of the passive components are
reduced which allows a reduction in the overall cost of the system. Moreover, the system reliability can
also be improved, due to the modularity that interleaved converters possess. Many interleaved
topologies have been studied, both in ac–dc and dc–dc converter applications [13–15], and for
EV charging [11,12,16,17]. When it comes to dc–dc converter applications, in [15] the multiphase
interleaved converter for high current applications has been presented, operating in a wide load range.
It has been proven that the phase-shift interleaving operation brings the decrease in the current ripple
in the multiphase inverter stage. A three-phase interleaved dc–dc converter for EV fast charging with
an effective control strategy has been proposed in [11,12], providing ripple-free output current in a
wide output voltage range. In [16] the interleaving concept has been used to keep the input current
ripple to a very low level in current-fed converter, and can viably be used in PHEV applications.

Recently, the wide bandgap semiconductor devices, such as silicon carbide (SiC), have become
increasingly popular due to many benefits they offer compared to their silicon (Si) counterparts:
lower switching losses and consequently high-switching capabilities, low on resistance and increased
junction temperature [18]. With this in mind, and considering the benefits that an interleaved
dc–dc converter offers, it is crucial to conduct the fair comparison of this specific topology with
SiC metal-oxide-semiconductor field-effect transistor (SiC-MOSFET) and Si insulated-gate bipolar
transistor (Si-IGBT) devices. Even though there have been many comparisons conduced in the
literature for other topologies [19–21], for this particular topology not many studies are available.
This kind of analysis on interleaved converter was firstly introduced in [22], where the efficiencies
of SiC-MOSFET and Si-IGBT-based interleaved converters were compared, but considering only one
value of the output inductance and switching frequency. This paper extends this analysis and considers
the efficiency comparison on a wide range of output inductances and switching frequencies for both
SiC-MOSFET and Si-IGBT-based converters. The interleaved topology was considered for the dc–dc
power stage, having the possibility of the voltage and current ripple reduction in the battery-side
and making it relevant for EV chargers. The comparison with different devices (SiC-MOSFET and
Si-IGBT) is crucial in order to ease the decision process of power converter designers, and choose the
right topology for the specific application. Moreover, the analysis includes the comparison of the total
system losses and costs, including both converters and various output inductors. The goal was to
have the maximum efficiency and minimum losses for both converters, maintaining the safe operating
area of each device. Consequently, the most optimal switching condition has been derived from the
complete parasitic model, based on experimental measurements. Namely, the minimum values of
the external gate resistances have been determined by implementing the parasitic model in LTpice
(Version XVII, Analog Devices, Norwood, MA, USA) simulation tool. Next, these resistances were
used with double pulse testing in LTspice simulation tool on realistic and dynamic spice models of the
respective power switches [23], from which the respective conduction and switching losses have been
obtained for each device. These losses were finally implemented in complete 3-leg converter simulation
in PLECS (Version 4.2.6, Plexim, Zurich, CH) , from which the loss comparison was conducted, with
access to the steady state being facilitated.
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2. Dc–dc Interleaved Converter

In Figure 1a is given the fast charger topology for electric vehicles. It consists of a three-phase ac–dc
converter connected to an interleaved dc–dc converter with three legs having a three-phase structure.
This structure was firstly introduced in [11,12]. The interleaved dc–dc converter is made by basic
elements which are paralleled. It can be seen as a well-known two-level, three-phase configuration
with the output inductor Lout and input dc-link capacitor Cdc. By having a rather simple structure,
this converter features high reliability. The scalability is ensured as well, due to its modular structure.

(a)

(b)
Figure 1. Fast charger topology for EVs: (a) three-phase ac–dc converter and an interleaved dc–dc
converter, and (b) control signals and typical output waveforms.

The ac–dc converter is connected to the grid and has the task of regulating the dc-link voltage.
The interleaved dc–dc converter is able to provide the desired output current by controlling the output
voltage. The converter’s output current is equally shared among the legs. It is possible to achieve the
output current ripple minimization with the control strategy [11]. Namely, with the carrier phase-shift
of 360° divided by the number of legs and proper control, it is possible to achieve the minimum of the
output current ripple, as shown in Figure 1b in the case of 3-leg converter. In Figure 1b the typical
output waveforms of the interleaved converter are also shown.

3. Parasitic Model and Safe Operating Area

The interleaved converter permits the use of standard and reliable three-phase power switch
modules. The sizes of the ac–dc stage and dc–dc stage are similar, which can be tracked back to sizing
only a two-switch leg, which makes the design process rather simple. The simple two-switch leg can be
scaled up by adding more legs. In this way the cost and the complexity of the system can be reduced.

In order to have the maximum efficiency in terms of fastest switching and minimum switching
losses of the two converters (one with Si-IGBT and other with SiC-MOSFET devices), it is important
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to carefully select the external gate resistance Rg_ext, since it can greatly influence the switching
losses. The analysis in this regard started from the realistic and complete parasitic model of the
three-leg converter, relying on the design practice and experimental measurements done on a existing
printed circuit board (PCB) with connection cables for one converter leg. In Figure 2 is presented the
three-leg model of the interleaved converter, taking into account the dc power supply Vdc with the
cable connection for the PCB (in blue); the dc-link capacitors Cdclink (details on the dc-link ralization
and capacitor parasitics in yellow) with the parasitic inductance of the capacitor bank PCB trace;
the parasitic inductances of the PCB traces connecting the different legs and switches; and the
impedance of the cable connecting the output inductor Lout. In Table 1 are given the values that
have been obtained on the basis of the experimental measurements for the dc power supply and load
connection cable, and calculated for the PCB traces with the standard trace thickness 105 μm and
width of 0.93 cm required for the considered currents [24]:

L
l
= 2

(
ln

(
2l

w + t

)
+

1
2

)
(nH/cm) (1)

where L is the trace inductance, l is the trace length, w is the width and t is the thickness of the PCB
trace. The considered values of PCB traces were carefully selected and are based on the real power
electronic circuit design.

Figure 2. Dc–dc interleaved converter: full parasitic model of 3 legs.

Table 1. PCB parameters.

Parameter (Unit) Value

Lcable_dc1 (μH) 1.77
Rcable_dc1 (mΩ) 8.92
Lcable_dc2 (μH) 1.74
Rcable_dc2 (mΩ) 8.79

Lpcb_trace_dclink (nH) 36.5
Lpcb_trace_leg (nH) 66.5

Lpcb_trace_leg/2 (nH) 33.25
Lcab_load (μH) 0.834
Rcab_load (mΩ) 4.21

Thin film capacitor Cdc (μH) 15
ESR (mΩ) 4.8
ESL (nH) 12.4

Rdisch (kΩ) 100
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The circuit has been implemented in LTspice simulation tool. The real models of the powers
switches were used for this analysis, i.e., the 1200 V SiC device SCT3080KLHR Rohm [25] with the SiC
Schottky anti-parallel diode SCS220KG Rohm [26] for the SiC-MOSFET-based converter, and 1200 V
Si-IGBT device RGS50TSX2DHR Rohm [27] for the IGBT-based converter (model with fast recovery
diode), having the main parameters listed in Table 2, giving quick access to the sizing of different
devices. The complete model of three-leg converter has been considered, as shown in Figure 2.
The analysis included a set of switching frequencies and output inductors, as listed in Table 3. The goal
was to obtain the minimum external gate resistance value for each set of Lout and fsw, in order to
enable fastest switching with minimum losses, but staying within the safe operating area (SOA) of the
device. What has also been considered is the internal resistance of the gate driver BM6105AFW-LBZ
(Rohm) Rint of 1.5 Ω, which can be used for both SiC-MOSFET and Si-IGBT devices. With this in
mind, the gate-source voltage of the SiC-MOSFET-based converter was −4/18 V ensuring the optimal
turn on and turn off of the device, while for the Si-IGBT inverter the gate-emitter voltage 0/15 V has
been used.

The resulting required minimum gate resistances to be added externally to the gate driver
for SiC-MOSFET and Si-IGBT-based converters are shown in Table 3, together with the simulation
parameters that are used for LTspice simulation such as the values of the Lout – fsw pairs. The minimum
required values of the gate resistances have been determined in the LTspice simulation by increasing
the value of the gate resistance (starting from 1.5 Ω), and taking the first value for which the SOA
region is satisfied. The SiC-MOSFET-based converter requires no additional gate resistance (apart from
the internal resistance of the gate driver), while the Si-IGBT-based converter requires 3.5 Ω for all the
considered Lout and fsw. Figure 3 shows the voltages and currents of one switching period (turn on
and off) together with SOA region as indicated in the devices’ datasheets. The Figure 3 resulted from
the LTspice simulation considering the worst case with the highest one-leg current of 25 A, having for
SiC-MOSFET-based inverter the Lout = 0.33 mH and fsw = 100 kHz (Figure 3a), and for Si-IGBT-based
converter Lout = 1.15 mH and fsw = 30 kHz (Figure 3b).

Table 2. Main device parameters.

Parameters Rohm SiC MOSFET SCT3080KLHR SiC Schottky diode SCS220KG Rohm Si IGBT RGS50TSX2DHR

Vds 1200 V 1200 V 1200 V
Ids (25 ◦C) 31 A - 50 A
Ids (100 ◦C) 22 A 20 A/133 ◦C 25 A

RDS(on) (25 ◦C) 80 mΩ N/A N/A
VCE−sat (25 ◦C) N/A N/A 1.7 V

Qg 60nC@18 V N/A 67nC@15 V
Vth 2.7 V N/A 6 V
Vgs −4 to +22 V N/A ±30 V
Tj 175 ◦C 175 ◦C 175 ◦C

Pdiss (25 ◦C) 165 W 210 W 395 W
rjc 0.7 ◦C/W 0.62 ◦C/W 0.38 ◦C/W

Table 3. Main simulation parameters.

SiC-MOSFET-Based Converter Si-IGBT-Based Converter

Inductance (mH) Switching Frequency (kHz) Rg_ext (Ω) Inductance (mH) Switching Frequency (kHz) Rg_ext (Ω)

0.56 60 0 3.46 10 3.5
0.51 70 0 2.3 15 3.5
0.45 80 0 1.73 20 3.5
0.4 90 0 1.38 25 3.5

0.33 100 0 1.15 30 3.5
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(a) (b)

Figure 3. Safe operating area: (a) SiC-MOSFET-based converter and (b) Si-IGBT-based converter.

As can be seen from the figure, the safe operating area is ensured for both cases. The same goes
for the rest of the Lout and fsw values.

4. Power Loss Analysis

The losses in the specific device are mainly the sums of two losses: the conduction and switching
losses. The conduction losses of the IGBT can be calculated with the use of its dynamic on resistance
Ron,IGBT and zero on-state voltage Von:

Pcon,IGBT = Von Iav + Ron,IGBT Irms
2 (2)

where Iav and Irms are the average and rms currents through the device.
On the other hand, the conduction losses of SiC-MOSFET can be evaluated by using its

on-resistance RDS(on):
Pcon,MOSFET = RDS(on) Irms

2 (3)

The conduction loss for the diode is based on its threshold voltage VT and dynamic on
resistance Ron,diode:

Pcon,diode = VT Iav + Ron,diode Irms
2 (4)

The switching losses in the device depend on the switching frequency and the dissipated energies
during turning on and turning off:

Psw,device = fsw(Eon,device + Eo f f ,device) (5)

where Eon,device and Eo f f ,device are the device’s dissipated energy during turning on and turning off.

4.1. Losses in the Interleaved dc–dc Converter

In the interleaved dc–dc converter, the conduction and switching losses can be analyzed by
considering only one converter leg, since all the legs share the same losses. The output current has a
DC value I0 and a ripple component Δi0. In the upper switch is circulating the current with the rms
value [28]:

Irms,upper =

√√√√DI2
0

[
1 +

1
12

(
Δi0
I0

)2
]

(6)

where D is the duty cycle.
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Similarly, the rms current of the bottom switch can be written as:

Irms,lower =

√√√√(1 − D)I2
0

[
1 +

1
12

(
Δi0
I0

)2
]

(7)

Basing on the Equations (6) and (7) for the conduction losses of SiC-MOSFET, Si-IGBT and the
diodes we can write:

Pcond,IGBT = VonD′ I0 + Ron,IGBT DI2
0

[
1 +

1
12

(
Δi0
I0

)2
]

(8)

where D′ = (1 − D).

Pcond,MOSFET = RDS(on)DI2
0

[
1 +

1
12

(
Δi0
I0

)2
]

(9)

Pcond,diode = VT D′ I0 + Ron,diodeD′ I2
0

[
1 +

1
12

(
Δi0
I0

)2
]

(10)

The switching losses can be evaluated as:

Psw,device = fswEsw,device

(
Iavg

Ire f

)KI
(

Vsup

Vre f

)KV

(11)

where Iavg is the average output current; Vsup is the device supply voltage (collector-emitter for IGBT,
or drain-source for SiC-MOSFET); Ire f and Vre f are the respective current and voltage available in
the datasheet, obtained from the switching loss measurement; KI and KV are the coefficients usually
defined as in [29].

4.2. Inductor Losses

The losses in the inductor are the sums of winding losses and core losses. When it comes to
winding losses, the DC resistance is associated with the dissipated power of the windings, but also
phenomena such as skin effect and proximity effect. The latter two are associated with AC current
components, and since the ripple of the current is minimized, can be neglected. The winding losses
can be determined using [30]:

PL,w = Rdc Irms
2 (12)

where Irms is the rms current through the inductor.
The DC resistance can be calculated basing on the wire properties:

RDC =
ρNmlt

Awinding
(13)

ρ being the specific copper resistivity, N the number of turns, mlt the mean length per turn available
in the datasheet and Awinding the winding’s cross-sectional area.

The core losses can be approximated by the Steinmetz equation:

PL,core = K f αBβ
pk (14)

where f is the frequency; Bpk is the peak flux density when applied for sinusoidal excitation; α and β

are constants depending on the core material, magnetic induction and switching frequency operating
range. Another way to estimate the core losse is by the use of core loss curves in the case of specific
flux density (e.g., available in [31] for different core sizes and shapes).
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The peak flux density can be calculated as [32]:

Bpk =
Erms108

4.44AeN fsw
(15)

where Erms is the rms voltage across inductor (in V); Ae is the cross sectional area (in cm2); and fsw is
the switching frequency (in Hz), while Bpk is expressed in gauss. The factor of 108 is due to the Bpk
conversion from Tesla to gauss (1 Tesla = 104 gauss). Knowing Bpk, the core loss curves available in the
core’s datasheet can be utilized.

4.3. Double Pulse Test and PLECS Analysis

The simulation package PLECS offers the possibility to the user to merge the thermal and electrical
design and provides the cooling solutions. The switching and conduction losses of the specific device
are inserted by the user for each operating condition (forward current, blocking voltage, junction
temperature) in terms of 3D look-up tables. In this way the simulation speed is not necessarily affected
and the long thermal transient can be skipped by the steady-state analysis. The Cauer and Foster
thermal networks can be utilized for the thermal description of the device.

The standard double pulse tests (DPT) have been conducted on the spice switch models presenting
its realistic and dynamic behavior, as provided from the manufacturer’s experimental tests. DPTs were
done for each device listed in Table 2 in LTspice (Figure 4a with IGBT devices), in order to obtain the
necessary switching and conduction losses of the device, used lateron in PLECS analysis. One example
of the turn on losses obtained from LTspice DPT on a realistic switch model and implemented in PLECS
is given in Figure 4b in the case of the 1200 V IGBT. In the same way, the losses for the SiC-MOSFET
can also be determined and utilized.

(a) (b)

Figure 4. Double pulse test: (a) schematic of the double pulse test and (b) an example of IGBT’s
switching on losses for different temperatures.

After the loss descriptions had been added in PLECS and thermal network has been created, it was
possible to select the appropriate heat sink. With the use of steady-state analysis tool, the respective
converter losses together with the device junction, case temperatures and the heat sink temperature
can be measured.

5. Results

Both LTspice and PLECS were used for the simulation analysis, as explained in Section 4.3.
The device characterization in terms of conduction and switching losses has been done by double
pulse tests on real device models in LTspice. In the next step, these losses connected to the different
operating conditions were inserted in the look-up tables in PLECS and in this way it was possible
to characterize each device for each switching period. The three-leg interleaved dc–dc converter
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(as shown in Figure 1) was implemented in PLECS. For the efficiency analysis the simpler converter
model was considered, i.e., without the parasitics, as usually they can be neglected and are the same
for the two converters. As resulted from the parasitics analysis, the external gate resistance of 0 Ω was
used for double pulse test in the case of SiC-MOSFET device, considering only the internal resistance
of the gate driver, i.e., 1.5 Ω. Instead, for the Si-IGBT device the external gate resistance of 3.5 Ω was
used. The other simulation parameters are listed in Table 4. The Lout– fsw pairs for each converter have
been defined in Table 3 and were used here for simulations of different cases. The specific Lout– fsw

pairs were selected in order to keep the output current ripple within 5%. Cases with different output
currents of 30, 45, 60 and 75 A were analyzed, corresponding to the 25%, 50%, 75% and 100% of the
output power. The control reference was compared with three shifted carriers in order to obtain the
pulse-width modulation (as explained in Section 2), providing a fixed switching frequency.

Table 4. Simulation parameters.

SiC-MOSFET Based Converter Si-IGBT Based Converter

Parameter (unit) Value Parameter (unit) Value

VDC (V) 800 VDC (V) 800
Rg_ext (Ω) 0 Rg_ext (Ω) 3.5
Rg_int (Ω) 1.5 Rg_int (Ω) 1.5

D (%) 50 D (%) 50

5.1. Inductor Selection

The comparison of different core types given in Table 5 has been shown in Figure 5, for the
two core types found as the best compromise for the total inductor losses and inductor volume.
Two different types have been considered for both converters, iron (in turquoise) and alloy (in pink)
powder core from [31]. In Figure 5 is given the comparison of total core losses, costs (obtained from the
core manufacturer) and volume for the case of 25 A inductor current corresponding to the 75 A output
current. In the case of SiC-MOSFET the difference between the volume of iron and alloy inductors is
not very marked, except in the case of the highest switching frequency (0.33 mH–100 kHz) where the
alloy core allows one to have an inductor with volume reduced to half (171 cm3–85.5 cm3).

For Si-IGBT-based converter there was more significant difference in the volume of iron and alloy
core except for the 3.46 mH–10 kHz pair, where it was not possible to design the alloy powder core.
When considering the lowest (10 kHz) and highest (30 kHz) switching frequencies, the alloy allowed
57% reduction in core volume.

Table 5. Comparison of different core types.

L– fsw Pairs Iron Core Alloy Core

SiC-MOSFET-based converter

0.56 mH, 60 kHz T400-14D * OP-521014-2
0.51 mH, 70 kHz T400-14D OP-521014-2
0.45 mH, 80 kHz T400-14D OP-521014-2
0.4 mH, 90 kHz T400-14D OP-521014-2
0.33 mH, 100 kHz T400-14D SM-400026-2

Si-IGBT-based converter

3.46 mH, 10 kHz T650-14 -
2.3 mH, 15 kHz T650-14 FS-650014-2
1.73 mH, 20 kHz T650-14 OD-650026-2
1.38 mH, 25 kHz T650-14 OD-601026-2
1.15 mH, 30 kHz T650-14 FS-601014-2

* In bold are given the inductors that later on are selected for further analysis.
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(a) (b)

Figure 5. Comparison of cost, volume and total calculated losses for iron and alloy powder cores:
(a) SiC-MOSFET-based converter; (b) Si-IGBT-based converter.

Evident also are the reductions in volume, losses and costs in both iron and alloy powder core
when comparing Figure 5a,b for SiC-MOSFET-based converter, confirming the advantages of using the
SiC-MOSFET devices. For the two highest switching frequencies (30 kHz for Si-IGBT and 100 kHz for
SiC-MOSFET), the SiC-MOSFET-based converter can offer the reduction of 73% of the core volume for
alloy core, and 77% for the iron core, having around 60% lower cost.

In this case, the best compromise in terms of total losses and volume has been taken into account.
The selected inductors are given in bold in Table 5. In some cases the best choice is iron core, while
in other cases it is alloy core. For the SiC-MOSFET-based converter the best solutions are almost
always in iron, except for the case with the highest switching frequency (100 kHz), which also
represents a significant working condition, allowing one to make the most of the advantages offered
by SiC-MOSFET devices and significantly reduce weight and volume. On the other hand, for Si-IGBT
the best solutions are always in alloy, except for the lowest switching frequency (10 kHz) with only
possible solution in iron. However, this working condition is not very significant because it leads to
higher volume and cost. Further on in the analysis, only the inductors given in bold were considered
for the efficiency comparisons.

5.2. Power Loss and Efficiency Comparisons

In this section the power loss and efficiency comparison is presented. The three-leg interleaved
dc–dc converter supplying a resistive load and implemented in PLECS has been used for this purpose.
For each specific value of Lout the inductance with its winding resistance (as resulted from the inductor
design shown in Table 6) has been used for the modeling. The converter losses have been determined
directly from the PLECS simulation tool, while the inductor losses (for each specific inductor designed)
have been calculated as described in Section 4.2.

In Figure 6 are given the dc–dc converter losses in the case of different output inductor–switching
frequency pairs and output currents in the case of 50 ◦C heat sink temperature. In particular, four values
of the output current have been considered: 30, 45, 60 and 75 A. The two converters show rather
similar losses, even though the SiC-MOSFET converter’s switching frequency is much higher than
the one of Si-IGBT converter (60–100 kHz vs. 10–30 kHz). For the highest output current of 75 A,
the SiC-MOSFET-based converter has 28%, 18% or 9% higher losses when compared to Si-IGBT-based
converter for the switching frequencies below 80 kHz (for Si-IGBT below 20 kHz) respectively, but lower
1% for the 90kHz and 9% for 100 kHz, as shown in Figure 7a . Generally, all the losses show the same
behavior, lower in case of Si-IGBT for the switching frequencies <20 kHz. More flat behavior of the
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losses for SiC-MOSFET-based converter can be noted, i.e., less variations with the change of Lout– fsw

pairs for the specific current.
In Figure 8 are given the total inductor losses for the selected inductors from Section 5.1.

In particular, they resulted from the sum of inductor core and winding losses in the case of different
inductors and output currents, as for converter losses. Different inductors have been designed,
as shown in Table 6. The criteria for the design were the lowest total inductor losses, but also the lowest
volume. The standard design practice has been applied; for example, the difference of the unloaded
and loaded unductor was set to 10%, the cross section of the winding was carefully selected taking
into account the minimum banding radius of the wire, the filling of the core window area was set to
less than 50%, etc.

From the Table 6 can be noted 3.7 times lower inductor volume when comparing the cases with
highest switching frequencies in the case of SiC-MOSFET-based converter. In Figure 8 the maximum
losses for SiC-MOSFET-based converter of 24.9 W can be seen for the 0.56 mH–60 kHz pair and 75 A
output current, while for the Si-IGBT-based converter the maximum is for 3.46 mH–10 kHz pair
reaching 52.6 W at 75 A output current. The minimum losses for SiC-MOSFET-based converter are for
0.4 mH–90 kHz with 6.9 W in the case of lowest output current, while for Si-IGBT-based converter
the minimum losses of 10.7 W are for 1.38 mH–25 kHz pair and the same value of the output current.
In Figure 7b are given the inductor losses for the highest output current, i.e., 75 A. The losses of
SiC-MOSFET-based converter are lower for all Lout– fsw pairs, with the highest difference of 53% at
the lowest switching frequency. Conveniently, the total one-leg losses are also depicted in Figure 7c,
obtained as the sum of device losses and inductor losses per leg at 75 A output current. It is interesting
to see that the Si-IGBT-based converter has higher losses in almost all cases, except the 1.73 mH–20 kHz
case, where SiC-MOSFET-based converter shows 4% higher losses.
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(a) SiC-MOSFET-based converter

(b) Si-IGBT-based converter
Figure 6. Dc–dc converter losses per leg for different output inductors resulting from the simulation.
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(a) (b)

(c)

‘

Figure 7. One-leg losses of SiC-MOSFET and Si-IGBT-based converters at 75 A output current:
(a) simulated device losses, (b) analytical inductor losses, (c) total one-leg losses.

Table 6. Inductor design.

SiC-MOSFET Based Converter

Lout, fsw pairs Core type N AWG Rdc (Ω) Ae (cm2) mlt Ve (cm3)

0.56 mH, 60 kHz T400-14D 110 7 0.03082 6.85 14.62 171
0.51 mH, 70 kHz T400-14D 105 7 0.02895 6.85 14.46 171
0.45 mH, 80 kHz T400-14D 98 7 0.02649 6.85 14.24 171
0.4 mH, 90 kHz T400-14D 92 6 0.02009 6.85 14.76 171

0.33 mH, 100 kHz SM-400026-2 87 6 0.01522 3.5226 11.51 85.5

Si-IGBT Based Converter

Lout, fsw pairs Core type N AWG Rdc (Ω) Ae (cm2) mlt Ve (cm3)

3.46 mH, 10 kHz T650-14 212 6 0.07507 18.4 23.64 734
2.3 mH, 15 kHz FS-650014-2 241 6 0.06565 9.87 18.09 407

1.73 mH, 20 kHz OD-650026-2 155 5 0.03049 9.87 17.05 407
1.38 mH, 25 kHz OD-601026-2 137 5 0.0273 8.8064 17.19 317
1.15 mH, 30 kHz FS-601014-2 167 6 0.04266 8.8064 17.09 317
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(a) SiC-MOSFET-based converter

(b) Si-IGBT-based converter

Figure 8. Total inductor analytical losses per leg.
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For the particular case in Figure 7c, where SiC-MOSFET-based converter shows slightly higher
losses, the loss distribution has been analyzed for all the values of the output current. In Figure 9 is
shown the distribution of the total losses (simulated device and analytical inductor) of one converter leg,
and specifically for the 0.45 mH–80 kHz pair (SiC-MOSFET-based converter) and the 1.73 mH–20 kHz
pair (Si-IGBT-based converter) in the case of 50 ◦C heat sink temperature. The figure also gives the
comparison with the theoretical values, calculated as explained in Sections 4.1 and 4.2.

The total losses of SiC-MOSFET-based converter (dark pink) are higher only in the case of 75 A
output current, as resulted also in Figure 7c, while for the other current values it shows lower losses
compared to Si-IGBT converter (dark green). As for the losses of the devices in one converter leg,
the switching losses which are also shown in the figure are slightly lower for the SiC-MOSFET-based
converter, even though the switching frequency was four times higher. The total inductor loss (dotted
traces) is slightly lower for SiC-MOSFET-based converter, having core losses invariant with the change
of the output current, as expected. For the specific case of 75 A output current, the SiC-MOSFET-based
converter shows elevated conduction losses, and this is the reason why it resulted in higher total
losses. Moreover, also the good agreement between simulation results (first bar) and analytical results
(second bar) for all cases can be observed.

Figure 9. Loss distribution for 0.45 mH–80 kHz and 1.73 mH–20 kHz pairs and comparison with
analytical values.

In Figure 10 are shown the total three-leg losses of the two converters, including the inductor
losses resulting from realistic simulations (for power switches), and analytical for the different
inductors. Generally, the SiC-MOSFET-based converter showed lower total losses (in pink), especially
for the lower output currents. The highest losses can be noted for the Si-IGBT-based converter and
1.15 mH–30 kHz pair for all the values of the output current, due to high devices’ losses. While the
SiC-MOSFET-based converter has more uniform losses behavior with the change of switching
frequency, this difference is more outlined in the Si-IGBT-based converter.

In Figure 11 are shown the efficiencies of the two three-leg converters for different Lout– fsw pairs
and output currents. For both converters, the efficiency is rather high, higher in the case of lower
switching frequencies due to lower losses. The SiC-MOSFET-based converter shows higher efficiency
(ranging between 98.3% and 98.9%), while in the case of Si-IGBT the efficiency ranges from 98% to
99%. The efficiency curves are closer to each other in the SiC-MOSFET when compared to Si-IGBT
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case, meaning that in the SiC-MOSFET case there is a lower variability of efficiency with the change of
Lout– fsw pairs. In the worst case (30 A) there is a variability of about 0.3% in the case of SiC-MOSFET
and 0.7% in the case of Si-IGBT. Therefore it can be concluded that by adopting the SiC-MOSFET
solution, efficiency depends less on the choice of switching frequency and inductor.

Figure 10. Total 3-leg converter loss for SiC-MOSFET-based and Si-IGBT-based converters.

(a) (b)
Figure 11. Efficiency comparison: (a) SiC-MOSFET-based converter and (b) Si-IGBT-based converter.
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5.3. Heat Sink Volume

In order to conduct a throughout comparison of the two converters, the heat sink volume and cost
should also be taken into account. The heat sink volume analysis was based on the power loss of the
two converters at highest output current (75 A) and considering 50 ◦C heat sink temperature. In order
to evaluate the heat sink volume, it is necessary to calculate the thermal resistance of the heat sink:

rh =
Th − Ta

Ptloss
(16)

where Th is the heat sink temperature, Ta is the ambient temperature and Ptloss is the total converter loss.
Once the rh is calculated, it is possible to obtain the heat sink volume based on natural air

convection [33]. The minimum heat sink volume can be obtained from the fitting function:

Volheatsink = 3263e−13.09rh + 1756e−1.698rh (17)

where Volheatsink is expressed in cm3 and rh in Ω. Equation (17) in [33] has the results of the curve
fitting of various extruded naturally cooled heat sinks against heat sink thermal resistance.

Heat sink volume calculated from the curve fitting function for the two converters is
presented in Figure 12, starting from the lowest switching frequency considered for both converters.
A room temperature of 25 ◦C was selected as ambient temperature. The results show that the
SiC-MOSFET-based converter has an increase of around 3% only in the case of 0.45 mH–80 kHz
pair. In the other cases, the Si-IGBT-based converter has higher heat sink volume, with the highest
difference of 7% in the case of highest switching frequency.

Figure 12. Comparison of the heat sink volume at 75 A output current and 50 ◦C heat sink temperature
for the two converters.

5.4. Cost Comparison

This section presents the cost comparison of the two interleaved dc–dc converters, taking into
account only the costs that are different for the two converters, i.e., the switching device costs, the heat
sink costs and the inductor costs. The same cost was considered for the other components (for example
gate driver, power cables, etc.), and therefore was not included in this comparison.

In Figure 13 is shown the comparison of the converter efficiency (3-legs, including inductors),
the total volume (heat sink and inductor, in dm3) and total converter cost (in € per kW). For the
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efficiency comparison, the power switch losses were taken directly from the realistic circuit model
implemented in PLECS, while for the different inductors they were calculated analytically. Note that
the costs in Figure 13 refer to the sample prices of the main parts’ manufacturers in Europe. Having
in mind that the price of SiC-MOSFET devices is 2–3 times the price of IGBT devices, and the costs
of different inductors for the SiC-MOSFET-based converter generally being lower (due to lower
volume), the goal of this analysis was to verify if the difference of the device cost can somehow
be compensated with the lower inductor cost. Namely, Figure 13 confirms this fact, where the
SiC-MOSFET-based converter shows lower total cost for all the Lout– fsw pairs. The trend of the cost
curve for the SiC-MOSFET-based converter is almost flat, with the lowest cost for the highest switching
frequency, i.e., 100 kHz. The Si-IGBT-based converter shows more cost variation, with the lowest cost
for the highest switching frequency as well. For the higher switching frequencies, the two costs are
practically the same for each device.

Figure 13. Efficiency, cost and total volume comparison of the two converters at 75 A output current
and 50 ◦C heat sink temperature.

The total volume and efficiency confirm the advantage of using the SiC-MOSFET-based converter.
The efficiency is almost always higher or equal to the one of the Si-IGBT-based converter. The only
case in which the Si-IGBT-based converter showed higher efficiency was for 1.73 mH–20 kHz pair.
The trend of the SiC-MOSFET efficiency curve is more flat, while the Si-IGBT-based converter shows
higher variations with the lowest efficiency for 30 kHz switching frequency.

The real benefit can be seen in the total volume, where the lower volume can be noted for
all the Lout– fsw pairs in the SiC-MOSFET-based converter. For the highest switching frequency,
SiC-MOSFET-based converter offers the lowest total volume. Generally, Figure 13 leads to the
conclusion that the best working conditions for Si-IGBT-based converter could be medium switching
frequencies (20 kHz and 25 kHz), where the cost, volume and efficiency differences are less marked,
while the worst working conditions are the lowest switching frequencies, with elevated cost and
volume difference. On the other hand, the real advantage of the SiC-MOSFET-based converter can
be seen at high switching frequencies, where the cost is practically the same for the two converters
(and lowest for all cases), efficiency remains higher and total volume is lower.
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These considerations, together with the fact that the prices for SiC-MOSFET devices tend to reduce
greatly over ther years, indicate the convenience of using SiC-MOSFET devices, especially given the
fact that it offers lower total volume.

6. Conclusions

An investigation of the three-phase interleaved dc–dc topology applied to the EV fast chargers
was presented in this paper. This configuration permits the use of classic and reliable three-phase
power switch devices, featuring high reliability and modularity, making it particularly interesting for
EV fast charging.

Two technologies were considered for the efficiency comparison: dc–dc interleaved converters
with SiC-MOSFET power devices and Si-IGBT power devices, on a wide range of switching frequencies
and output inductances. The comparison was made by imposing the same requirements on the ripple
of the output current (5%), in order to reduce the battery stress and extend its life.

The two converters were considered with the optimal switching parameters, based on the analysis
done on detailed realistic parasitic circuit model and experimental measurement. The goal was to
have the safe operation and minimum losses for both converters. The output inductor design follows
the same criteria. For the simulation analysis, the spice models describing the realistic and dynamic
behavior of the power switches and based on the experimental tests were utilized and verified both
with LTspice and PLECS simulation packages.

The results show the convenience of using SiC-MOSFETs for the three-phase interleaved dc–dc
topology on the wide range of Lout– fsw pairs. They also lead to the conclusion that the best working
conditions for Si-IGBT-based converter could be medium switching frequencies (20 kHz and 25 kHz),
where the cost, volume and efficiency differences are less marked, while the worst working condition
is the lowest switching frequency, with elevated cost and volume difference. This is also the working
condition where one could prefer the Si-IGBT solution due to its proven reliability and wide utilization
by the industry. On the other hand, the real advantage of the SiC-MOSFET-based converter can be seen
at high switching frequencies, where the cost is practically the same for the two converters, efficiency
remains higher and total volume is lower.

Moreover, the analysis has shown that the higher price of SiC-MOSFET devices can be
compensated for by the fact that the inductors utilized in the SiC-MOSFET-based converter have
considerably lower costs due to the lower volume. In fact, the SiC-MOSFET-based converter showed
lower costs for all Lout– fsw pairs. However, this is likely to be changed with greater reductions
in the price of SiC-MOSFET devices in upcoming years, making in this way the cost difference
more significant.
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Abstract: In modern power electronics-based power systems, accurate modeling is necessary in
order to analyze stability and the interaction between the different elements, which are connected to
it. State space modeling seems a valid approach to study the modes of a certain system and their
correlation with its states. Unfortunately, this approach may require complicated calculations and
it is difficult to model advanced or emerging control techniques for grid-tied converters, such as
cascaded controllers (e.g., voltage and current) and virtual synchronous generators (VSGs). Moreover,
this approach does not allow an easy reconfiguration of the modeled system by adding, removing of
modifying certain elements. To solve such problems, this paper presents a step-by-step approach to
the converter modeling based on the Component Connection Method (CCM). The CCM is explained
in detail and a practical example is given, by modeling one exemplary VSG model available in
the literature. The obtained model is finally validated experimentally to demonstrate the practical
accuracy of such approach.

Keywords: Component Connection Method; power electronics-based systems; stability analysis;
state-space methods; virtual synchronous generators

1. Introduction

The transition to power systems involving more power electronics-based converters represents
a challenge today. An increase in the penetration of inverter-interfaced renewable energy sources
(such as wind and sun) may lead to instabilities within the power system [1,2]. For this reason, accurate
converter models, taking into consideration both the converter hardware parameters and its control
algorithm, will be necessary. Moreover, some grid codes are now requiring dynamic models on
different degree of details for simulation and analysis at the power system level [3,4].

Several techniques are presently available for this purpose. The most popular are frequency
domain analysis using impedance models and the eigenvalue analysis using state-space models [5].
Regarding the impedance models, various approaches are available in the literature [6–11], as well
as experimental procedures [12] to obtain the black-box frequency response of a converter without
knowing its internal parameters. Regarding the system-level analysis, the Generalized Nyquist
Criterion can be used [13] if the individual equivalent impedance models are available. However,
impedance models fail to provide an immediate comprehension of the poles in the system and how
they are influenced by the system parameters. Moreover, by observing the Bode plot of the equivalent
impedance of a converter, the effect of some poles can be canceled by corresponding zeros of the system.
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On the contrary, the state-space approach has the advantage of clearly identifying the modes of
the system under study and their correlation both to its states (e.g., controller, filter) using participation
factors [14] and to the system parameters using sensitivity analysis. Moreover, the state-space model
can provide an immediate feedback of the different poles time constants, without incurring the effects
of zero-pole cancellation that can be present in the impedance model representation.

Traditionally, compared to synchronous generators, grid-connected inverters have been working
with much smaller time constants. These time constants are related to both the physical hardware of
the converters (i.e., grid side filters) and the digital controllers. However, to obtain a higher integration
of renewable energy sources, inverters may be required to provide ancillary services to the grid,
in order to maintain its stability and quality (frequency, voltage and harmonic content). These services
typically operate with much slower time constants, in the order of magnitude of the line frequency or
less. For these reasons, a multi time scale analysis of the system may be necessary. Also, simplified
models may be desirable, focusing only on certain phenomena, to reduce the computational burden of
otherwise extensive simulations to assess the stability and the behavior of the system.

However, state-space modeling is a very difficult task when dealing with complex systems
internally interconnected. An increase in the number of state variables, inputs and outputs of
the system leads to complicated matrix expressions. Moreover, another disadvantage is its low
flexibility: if components are added, removed or modified, the modeling process must be repeated
from the beginning. This disadvantage is particularly evident when modeling converters equipped with
advanced cascaded or more emerging controllers. Such controllers may be implemented to provide
additional features beyond the traditional current or voltage control of grid-connected converters and
are an enabling technology to integrate more renewable energy sources in the future power systems.

An example of outer advanced controller are the virtual synchronous generators (VSGs), which can
provide virtual inertia, harmonic compensation and reactive support during voltage dips [15–22].

The literature proposes some examples of state-space modeling of such controllers [18],
but following a monolithic approach, i.e., deriving the complete model at once. This kind of approach
is feasible, but it lacks of flexibility, modularity and scalability (i.e., if something changes, the model
must be derived again). Moreover, the number of state variables involved dramatically increases the
order of the obtained system. This complexity leads to a larger modeling effort and it is prone to errors.
Therefore, troubleshooting cannot be easily done during the derivation of the model.

A valid methodology to tackle such issues is the Component Connection Method (CCM).
This method solves the lack of modularity and simplifies the modeling procedure, reducing both the
analytical effort and the probability of making mistakes during the derivation, by separately modeling
the single components of the system and then linking them using sparse interconnection matrices,
as shown in Figure 1.

To provide a global and practical perspective on this technique, this paper reviews the
requirements of power electronics modeling in power systems and the most recent applications of CCM
to this matter. Moreover, it contributes with a generalized step-by-step Component Connection Method
(CCM)-based modeling approach of the individual converter unit, considering both the hardware and
the control part. Compared to the classical CCM theory and existing applications, purely algebraic
blocks are introduced in this paper and it is described how to include them in the CCM in a completely
general way. Such blocks have no physical meaning in power systems applications, but they simplify
the modeling of power electronics controllers (e.g., calculating the current references starting from the
power setpoints and the grid voltage).

This paper is organized as follows. In Section 2 the state of the art of CCM applied to power
electronics-based power systems is reviewed, along with its most recent applications. Section 3 presents
a step-by step procedure of CCM-based modeling. A practical particular example of such method
by modeling the Simplified Virtual Synchronous Compensator (S-VSC) [23], is given in Section 4.
Section 5 presents some analyses, which can be performed thanks to the state-space model and the
experimental validation of the presented case study. Finally, the conclusions are provided in Section 6.
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Figure 1. Modular state-space modeling of a grid connected converter including controllers.

2. State-Space Modeling Literature

With the spread of distributed generation and microgrids based on power electronics converters,
accurate and efficient modeling techniques have become necessary. Such methods must guarantee
flexibility (i.e., being easily applicable to different systems), scalability (i.e., can model more than
one converter and can merge multiple grid sub-portions) and various detail level, depending on the
specific analysis needed.

For this purpose, various levels of complexity and detail have been proposed during the years.
At first, the focus was on low frequency subsynchronous oscillations, neglecting the faster behavior of
current/voltage controllers [24]. In such cases, the inverter was considered as an ideal voltage source,
controlled in amplitude and frequency by active and reactive droop controllers. However, such level of
simplification is not always accurate in predicting instabilities or poorly damped resonances occurring
at higher frequencies (innermost current or voltage control bandwidth and grid-side filters resonance
frequency). Therefore, more accurate models have been proposed [25,26].

Given these requirements and summarizing the benefits of state-space modeling briefly mentioned
in Section 1:

• The modes of the system under study are evident in their frequency and damping. Therefore,
poorly damped oscillations can be easily identified;

• The interaction among the modes and the states can be analyzed by means of participation factors.
The states associated with the most critical modes are then identified;

• A reduced order model of the system can be obtained, by neglecting the dynamic behavior of
some of its parts. This allows faster simulations without a decrease in the quality of the results.

CCM is a valid modeling approach. In fact, the main advantage of CCM is the possibility of
decomposing an articulated system into its fundamental blocks, which can then be individually
modeled, and the possibility of reconfiguring the system by simply adding new blocks or just
modifying the interconnection matrices. Such advantage is especially beneficial when modeling
a single converter unit. This allows an easy an quick derivation of the state-space model of the
converter, even when a single or more control layers (e.g., current controller) or hardware component
(e.g., grid side filter) are modified in a later stage of the design.
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CCM has been traditionally used at power system level to analyze multi-node networks with
several conventional generating units or loads starting from [27]. Later, it has been specifically
used to model the early grid applications of power electronics: static var compensators and HVDC
transmission systems [28,29]. This method has gained renewed interest in the last decade, when it was
applied to modern power electronics-based power systems. First, in 2014 CCM was applied to the
specific modeling of wind farms and their connection to the main grid [8,30,31]. The same research
evolved then in CCM modeling applied to multi converter power system, being able to include highly
detailed inverter models (i.e., including accurate control loops and digital delays models) in wider
inverter-based power systems.

CCM is currently used to analyze the stability and the interaction among conventional
(i.e., phase locked loop (PLL)-based) and new controllers (i.e., Synchronverters) for renewable
generation [32–34]. In these works, the CCM is the first stage of a more advanced state-space
μ-analysis [34] to consider the uncertainties of the modeled plants.

CCM is still also currently adopted in power system studies, to include inverter-based grid nodes
into larger scale studies (e.g., Subsynchronous torsional interactions [35]). In such cases, its flexibility is
exploited in order to simplify the modeling procedure neglecting aspects at frequency out of the range
of interest (e.g., digital control delay). The history of CCM is schematically summarized in Figure 2.

1968 80s-90s 2014 2018
Power Systems

Multi-inverter systems

[24]
2020

[31,32]

[8,33,34]

[35]

[25-27]
Converter

Interactions

Figure 2. Applications and trends of CCM in time.

3. Generalized CCM Modeling Approach

This section considers a step-by-step procedure to model a grid-connected three-phase two
level inverter, interfaced to the grid by means of an LCL filter and is depicted in Figure 3. The DC
supply of the inverter is considered to be an ideal voltage source. Thanks to the modular approach
guaranteed by the CCM, a more accurate model of the DC source, or even the model of a more complex
DC side, e.g., a DC microgrid [36,37], can be easily included. The grid is modeled as a Thévenin
equivalent circuit.

𝑉𝐷𝐶

+ •

•

𝐿𝑖
𝑖𝑖 𝐿 𝑓 𝑔 𝐿𝑔

𝑣𝑃𝐶𝐶

LCL Filter
Grid

∼

𝑒𝑔

•

𝐶 𝑓
𝑣𝑔

Controller

Commands

𝑉𝐷𝐶 , 𝑖𝑖 , 𝑣𝑔 , 𝑣𝑃𝐶𝐶
References

Figure 3. Diagram of the system to be modeled.

The CCM consists of the modular analysis of the system under modeling. First, the single
components are identified and linearized around the chosen operating point. Then, the connections
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between the components are defined by means of sparse interlinking matrices. Finally, the state-space
model of the overall system is obtained by linear algebra calculation.

This process is performed by the following general step-by-step procedure described below:

1. Define the system inputs Us and outputs Ys. Examples of inputs are external disturbances such
as references variations (e.g., active and reactive power) and grid faults (i.e., frequency, voltage
amplitude or phase variations). The outputs of the system can be chosen arbitrarily, depending
on the aspect under study. Examples are the power (or current) injected by the inverter and the
measured grid frequency using PLLs or VSGs.

2. Identify the single components. Two kinds of components can be used: dynamic (with state
variables) and algebraic (without state variables). In general, n dynamic components and m
algebraic components are identified and linearized.

3. Each k-th linearized dynamic component can be written in the following state-space form:⎧⎨
⎩

Ẋk = AkXk + BkUk

Yk = CkXk + DkUk

k = 1 . . . n (1)

where Xk represents the state variables vector of the block, Uk the inputs of the component and Yk
its outputs. The matrices Ak, Bk, Ck and Dk are the component state-space matrices. Examples of
the dynamic components are LCL filters and integral regulators.

4. Algebraic components are defined to simplify the modeling procedure. In a traditional state-space
representation, only dynamic components are defined. However, this distinction can be very
useful when it comes to the modeling of a controller. Many algebraic calculations, such as
divisions, lead to complicated linearized expressions and it can be convenient to simplify the
process by defining such algebraic components. They do not have state variables, but only inputs
Uk and outputs Yk related as:

Yk = DkUk k = n + 1 . . . n + m (2)

Droop controllers, sums and divisions to calculate the current reference from the active and
reactive power references are examples of algebraic blocks.

5. The vector of the state variables of the global system Xs is the aggregate of the Xk state variable
vectors of the single components. The list of the components inputs U and the list of the
components outputs Y can be defined in an equivalent way as follows:

Xs = [X1 . . . Xn]
′

U = [U1 . . . Un+m]
′

Y = [Y1 . . . Yn+m]
′

(3)

6. An aggregated model is defined by composing the individual system matrices as follows:⎧⎨
⎩

Ẋs = AaXs + BaU

Y = CaXs + DaU
(4)
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where:

Aa =

⎡
⎢⎢⎢⎢⎣

A1 0 · · · 0
0 A2 · · · 0
...

...
. . .

...
0 0 · · · An

⎤
⎥⎥⎥⎥⎦

Ba =

⎡
⎢⎢⎢⎢⎣

B1 0 · · · 0
0 B2 · · · 0
...

...
. . .

...
0 0 · · · Bn

number of algebraic
blocks inputs︷ ︸︸ ︷
0 · · · 0
0 · · · 0
...

. . .
...

0 · · · 0

⎤
⎥⎥⎥⎥⎦

Ca =

⎡
⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣

C1 0 · · · 0
0 C2 · · · 0
...

...
. . .

...
0 0 · · · Cn

0 · · · · · · 0
...

...
. . .

...
0 · · · · · · 0

⎤
⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦

⎫⎪⎬
⎪⎭ number of algebraic

blocks outputs

Da =

⎡
⎢⎢⎢⎢⎣

D1 0 · · · 0
0 D2 · · · 0
...

...
. . .

...
0 0 · · · Dn+m

⎤
⎥⎥⎥⎥⎦ .

(5)

In (5), it must be noted that the Ba and Ca matrices must be extended by adding null elements to
compensate for the algebraic blocks. In particular, a number of null columns equal to the total
number of inputs of all the algebraic blocks must be attached to the Ba matrix. Also several null
rows equal to the sum of the algebraic block outputs must be attached to the Ca matrix.

7. Define the connection matrices, to connect the single components.

These matrices T are sparse and connect the inputs and outputs of the system as follows:

U = TuyY + TusUs

Ys = TsyY + TssUs

(6)

8. The global linearized system state-space model can be obtained as:⎧⎨
⎩

Ẋs = AsXs + BsUs

Ys = CsXs + DsUs

(7)

where:
As = Aa + BaTuyWCa

Bs = BaTuyWDaTusBaTus

Cs = TsyWCa

Ds = TsyWDaTus + Tss

W =
(

I − DaTuy
)−1 .

(8)
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when the system structure is modified, U and Y must be modified according to the new blocks, as well
as the connection matrices.

As mentioned in the introduction, the CCM is useful when performing a multi time scale analysis
of a system. The reason behind this kind of analysis is that the most recent controllers, enabling
power electronic converters provide ancillary services to the grid (e.g., VSGs) typically work on
different time scales. The inner control loops (voltage, current) are operating at the time scale of the
switching frequency. On the other hand, the outer level controllers, managing for example the virtual
inertia, operate with time constants in the order of magnitude of seconds. To perform a simplified
analysis with a traditional state-space modeling approach, the system has to be completely remodeled,
meaning time loss and possibility of introducing errors. The CCM solves this problem: the user can
easily exclude some levels of the system by substituting them with purely algebraic blocks. This way
the computational burden for simulations is reduced, while preserving the correctness of the analysis
at the time scale of interest. This simplification affects only the state variables of the k-th excluded
block, but does not affect its inputs and outputs. Therefore, a dynamic block can be transformed
into an algebraic block and the global system is easily derived again, without any need to change the
connection matrices. The poles relative to the neglected blocks will not be present in the global system
anymore. The pole map of the system and a participation factors analysis, which will be described in
Section 5, are a good starting point to decide which blocks can be neglected to perform which study,
since they give a clear and straightforward view of the time constant of each pole and which blocks
are related to them.

Moreover, the CCM is flexible and solves also the issues related to the comparison or
improvements of the inverter control and hardware. In fact, CCM decompose an articulated system into
its fundamental blocks, which can then be individually modeled, and allows the reconfiguration of the
system by simply adding new blocks or just modifying the interconnection matrices. Such advantage
is especially beneficial when modeling a single converter unit. The benefits are especially evident in
comparison to the traditional monolithic modeling approach, which has to be repeated again when any
part of the system is modified. This flexibility of CCM allows an easy and quick derivation of the new
state-space model of the converter, even when a single or more control layers (e.g., current controller)
or hardware component (e.g., grid side filter) are modified in a later stage of the design.

A practical example of the CCM superiority can be done by comparing it with the traditional
state-space modeling. The literature [18] gives examples of VSG modeling with traditional techniques.
In this example the complete state-space model of a grid-connected converter controlled with a
cascaded VSG is described. However, the equivalent model is obtained directly, with a monolithic
approach. The result is a 19 × 19 state variable matrix, with no easy identification of which part of this
matrix corresponds to which block of the converter. With the CCM, as demonstrated by the approach
of (5), this is not the case. Each functional block of the system under study corresponds to a well
defined matrix, which can be modified in a later stage. For example, in case a different current control
strategy is implemented in a later stage of the design, its inputs and outputs will not probably change,
but only its internal structure. Several controllers can be therefore compared, as well as different
approximations of the delay of the digital controller.

4. Modeling of the S-VSC

In this section, an example of the application of the CCM is given. The system under study is the
Simplified Virtual Synchronous Compensator (S-VSC). This model has been chosen as a representative
of a VSG-based controller providing ancillary services to the grid. However, CCM can be applied to
model any other controller available in the literature, by being a general modeling approach.

The system consists of the inverter hardware part, its control (current controller and S-VSC) and
the connection to the equivalent grid, as shown in Figure 4. The system is modeled in per unit with Vb
base voltage, Sb base power and ωb base angular speed.

More details on this model are available in the literature [23].
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4.1. Defining System Inputs and Outputs

First, the inputs and the outputs of the system are defined. The system inputs Us are defined to
model the possible electrical perturbations that can influence the system. In particular, step variations
in the active and reactive power references (ΔP∗

ext, ΔQ∗
ext), grid frequency Δωg, grid voltage amplitude

ΔEg and grid voltage phase angle Δφg variations. This choice allows full testing of the system under
not-rated operating conditions.

The system outputs Ys are arbitrarily selected, depending on the quantities of interest. In this
example, they have been chosen as follows:

Us =
[
ΔP∗

ext, ΔQ∗
ext, Δωg, ΔEg, Δφg

]′
5×1

Ys =
[
ΔPi, ΔQi, Δωr, Δδ, Δvd

g, Δvq
g

]′
6×1

(9)

where ΔPi and ΔQi are the active and reactive powers injected by the inverter.

4.2. Component Identification

The components are identified as shown in Figure 4. n = 4 dynamic blocks and m = 2 algebraic
blocks are defined as follows:

• Dynamic components: LCL filter, Inverter control loops (PI and delay model), S-VSC electrical
part (stator and damper), S-VSC power loops (mechanical part and excitation control);

• Algebraic components: Power reference calculation (power to current) and grid perturbation model.

Electro-
magnetic
Part (13)

Power
Loops
(15)

MCU
+

S-VSC
iv
dq

r, e
vg
dq vg

dq

Pv, Qv

g

+

Pext ,Qext

2
3
P jQ
vgd jvgq

P ,Q idq PI + Delay
(12)

ei
dq

LCL Filter
(10) Grid (21)

vg
dq ii

dq

eg
dq

g
Eg

r

Ref. Calculation

Figure 4. Block diagram of the modeled S-VSC [23] control with the physical system.

4.3. Dynamic Components Definition

4.3.1. LCL Filter

The inverter is connected to the grid by means of an LCL filter, as depicted in Figure 5. The filter
is modeled in the (d,q) frame synchronous to the S-VSC virtual rotor position θr, rotating at ωr.
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Figure 5. LCL model in the stationary (α,β) frame.

The equations modeling this component (in per unit) are as follows:

edq
i − vdq

g =
Li
ωb

(
didq

i
dt

+ jωrωbidq
i

)
+ Rii

dq
i

vdq
g − edq

g =
L f g + Lg

ωb

(
didq

g

dt
+ jωrωbidq

g

)
+ (R f g + Rg)i

dq
g

Cf

ωb

dvdq
c

dt
= idq

i − idq
g − jCfωrvdq

c

(10)

This block has the following state variables XLCL, inputs ULCL and outputs YLCL:

XLCL =
[
Δid

i , Δiq
i , Δid

g, Δiq
g, Δvd

c , Δvq
c

]′
6×1

ULCL =
[
Δed

i , Δeq
i , Δed

g, Δeq
g, Δωr

]′
5×1

YLCL =
[
Δid

i , Δiq
i , Δvd

g, Δvq
g, Δvd

pcc, Δvq
pcc

]′
6×1

(11)

The output vpcc can be useful in the case of a multi-inverter plant where the voltage amplitude
control at the plant point of common coupling (PCC) is required.

By linearizing (10), the necessary state-space matrices ALCL, BLCL, CLCL, DLCL are obtained.

4.3.2. Current Controller

The current controller considered in this model has a sampling time of Ts and it is based on a
proportional integral (PI) regulator implemented in the (d,q) synchronous reference. The proportional
and integral gains of the PI regulator are kp and ki. The total delay Td = 1.5 · Ts of the digital controller
and the modulation is modeled with a first order Padé approximation. A higher order approximation
can easily be considered by modifying this block. The controller complete block diagram is shown
in Figure 6.
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Figure 6. Block diagram of the PI regulator and equivalent delay (PI + delay) of the digital control
and modulation.

The following state variables XInv are identified (the integrator Δxdq
i and the delay model Δxdq

d ),
as well as the inputs UInv and outputs YInv of this block:

XInv =
[
Δxd

i , Δxq
i , Δxd

d, Δxq
d

]′
4×1

UInv =
[
Δi∗d , Δi∗q , Δid

i , Δiq
i

]′
4×1

YInv =
[
Δed

i , Δeq
i

]′
2×1

(12)

The state-space matrices of this block are AInv, BInv, CInv, DInv.

4.3.3. S-VSC Electromagnetic Equations

The electrical and magnetic equations of both virtual stator and rotor of the S-SVC [23] are
(in per unit):

vd = −Rsivd −ωrλq +
1
ωb

dλd
dt

vq = −Rsivq +ωrλd +
1
ωb

dλq

dt

τrq0
dλrq

dt
= −λrq − Lrqivq

ivd =
λe − λd

Ls

ivq =
λrq − λq

Ls

(13)

where λd, λq, λrq and λe are the virtual flux linkages of the machine (d-axis, q-axis, damper winding and
excitation, respectively); ivd and ivq are the machine virtual currents; Rs and Ls are the virtual stator
resistance and inductance; Lrq and τrq0 are the virtual damper parameters, tuned as described in [38].

Therefore, the block state variables XElt, inputs UElt and outputs YElt are defined as follows:

XElt =
[
Δλd, Δλq, Δλrq

]′
3×1

UElt =
[
Δvd

g, Δvq
g, Δωr, Δλe

]′
4×1

YElt =
[
Δid

v, Δiq
v

]′
2×1

(14)

The state-space matrices AElt, BElt, CElt, DElt of this block are obtained from the linearization
of (13).
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4.3.4. S-VSC Power Loops Equations

The active and reactive power control equations of the S-SVC [23] are (in per unit):

−Pv = 2H
dωr

dt
dδ
dt

=
(
ωr −ωg

)
ωb

−ke
Qv

Vg
=

dλe

dt

(15)

where Pv and Qv are the virtual active and reactive power of the S-VSC. The S-VSC is always operated
at zero reference power in order to obtain better stability and damping [23]. H is the inertia constant of
the machine, δ is the virtual load angle of the machine (q-axis to grid voltage vector). Vg is the peak
value of the voltage across the filter capacitor Cf and ke is the gain of the excitation control.

This block state variables XPower, inputs UPower and outputs YPower are as follows:

XPower = [Δω, Δδ, Δλe]
′
3×1

UPower =
[
Δvd

g, Δvq
g, Δid

v, Δiq
v, Δωg

]′
5×1

YPower = [ΔPv, ΔQv, Δωr, Δδ, Δλe]
′
5×1

(16)

The state-space matrices APower, BPower, CPower, DPower of the power loops block are again obtained
by the linearization of (15).

4.4. Algebraic Components Definition

4.4.1. Power Reference Calculation

In this algebraic block the following calculation is performed to obtain the current references i∗dq

from the power references PQ∗ and the grid voltage vdq
g :

i∗d + ji∗q =
P∗ − jQ∗

vgd − jvgq
(17)

where:
P∗ = P∗

ext + Pv

Q∗ = Q∗
ext + Qv

(18)

Are the sums of the external references and the S-VSC compensation power references.
Due to the division involved in (17), a dedicated block is justified to simplify the modeling process.
There are no state variables, while the inputs URe f and outputs YRe f of the block are:

URe f =
[
ΔP∗

ext, ΔQ∗
ext, ΔPv, ΔQv, Δvd

g, Δvq
g

]′
6×1

YRe f =
[
Δi∗d , Δi∗q

]′
2×1

(19)

Being an algebraic block, only the DRe f matrix is obtained.

4.4.2. Grid Perturbations

This algebraic block generates the grid voltage variations edq
g according to the external disturbances

Δωg, ΔEg, Δφg, given as system inputs.
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The grid voltage vector is defined as:

edq
g = Ege−j(π

2 −δ) (20)

Any phase displacement Δφg in the grid results in the variation of the load angle δ. As seen in the
previous S-VSC power loops section, the grid frequency Δωg variation leads to a load angle variation
and it is, therefore, included in (15). The vector diagram of the grid and S-VSC is shown in Figure 7,
as well as the angle variation due to a phase jump in the grid.

This block is defined by the following inputs UGrid and outputs YGrid:

UGrid =
[
Δδ, ΔEg, Δφg

]′
3×1

YGrid =
[
Δed

g, Δeq
g

]′
2×1

(21)

And from the matrix DGrid, obtained by linearizing (20).

Figure 7. Vector diagram of the grid voltage and the (d,q) S-VSC rotating reference frames. The angle
Δφg is defined as the load angle variation after a fault event.

4.5. Aggregated Model

Once all the dynamic and algebraic blocks have been defined, the aggregated model can be
obtained. First the aggregated state variables Xs, inputs U and outputs Y are defined:

Xs = [XLCL, XInv, XElt, XPower]
′
16×1

U =
[
ULCL, UInv, UElt, UPower, URe f , UGrid

]′
27×1

Y =
[
YLCL, YInv, YElt, YPower, YRe f , YGrid

]′
19×1

(22)
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Then, the aggregated model matrices are:

Aa =

⎡
⎢⎢⎢⎣

ALCL 0 0 0
0 AInv 0 0
0 0 AElt 0
0 0 0 APower

⎤
⎥⎥⎥⎦

16×16

Ba =

⎡
⎢⎢⎢⎣

BLCL 0 0 0 . . . 0
0 BInv 0 0 . . . 0
0 0 BElt 0 . . . 0
0 0 0 BPower . . . 0

⎤
⎥⎥⎥⎦

16×27

Ca =

⎡
⎢⎢⎢⎢⎢⎢⎢⎢⎣

CLCL 0 0 0
0 CInv 0 0
0 0 CElt 0
0 0 0 CPower
...

...
...

...
0 0 0 0

⎤
⎥⎥⎥⎥⎥⎥⎥⎥⎦

19×16

Da =

⎡
⎢⎢⎢⎢⎢⎢⎢⎣

DLCL 0 0 0 0 0
0 DInv 0 0 0 0
0 0 DElt 0 0 0
0 0 0 DPower 0 0
0 0 0 0 DRe f 0
0 0 0 0 0 DGrid

⎤
⎥⎥⎥⎥⎥⎥⎥⎦

.

19×29

(23)

Note that the matrices Ba and Ca are extended with several null elements equal to the number of
inputs (8 in total) and outputs (4 in total) of the two algebraic blocks. The detailed expressions of the
matrices in (23) are available in the Appendix A.

4.6. Connection Matrices

Now the connection matrices can be obtained by linking the inputs U and the outputs Y of the
aggregated system together with the global inputs Us and outputs Ys. The matrix Tss is zero, since there
is no direct feed-through from the system inputs to the system outputs.The detailed expressions of the
connection matrices are available in the Appendix A.

Tuy27×19 Tus27×5

Tsy6×19 Tss6×5 = 06×5

(24)

4.7. Derivation of the Global State Space Model

Finally, by applying (8), the system matrices As, Bs, Cs, Ds are obtained. It must be noted
that such model could have also been derived in a monolithic way, by studying the converter as a
whole. However, by applying CCM, the model can be handled more easily and allows a quick and
straightforward modification, in case some parts of the controller or of the physical system are changed.
A practical and straightforward example of this advantage is the modification of the current feedback
of the current controller. Usually, for grid-connected converters interfaced with LCL filters to the grid,
two types of current feedbacks are adopted: grid side current feedback and converter side current
feedback [39]. In the proposed example, the converter side current feedback was adopted. Therefore,
the outputs of the LCL filter block YLCL features the converter side current. However, if the current
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feedback is shifted to the grid side current, only the YLCL vector and the relative matrices CLCL and
DLCL must be modified. Each other block is not altered by this modification. Also the interconnection
matrices are kept constant, being the two feedbacks equivalent from a signal routing point of view.
A second example of the reconfiguration by adding new blocks is represented by the addition of an
external droop controller. If a primary frequency regulation is required to the plant, then an extra
proportional frequency controller is added, in order to generate the necessary active power references
for the control. With the adopted CCM, the existing model is not modified, but an extra algebraic block
is added before the reference calculation block. This extra block will receive as inputs the nominal and
the actual grid frequency and generate the active droop power reference, which is then summed to the
external power references.

5. Analysis and Validation

5.1. Analysis of the Derived State-Space Model

The poles λ of the system can be obtained numerically by solving:

det(As − λI) = 0 (25)

In Figure 8, the poles of the system (also listed in Table 1) are depicted in the complex plane.
The parameters of the state-space model have been chosen according to the experimental setup and
are listed in Table 2. The classical observations about the stability and damping of the system can be
done. Moreover, the poles of the system can visually be distinguished as follows:

• The high frequency poles (1–4) are related to the LCL filter (in the range of 2 kHz);
• the equivalent poles of the digital control (5–8, 11, 12);
• the poles (9, 10) of the virtual stator of the S-VSC and the grid (50 Hz);
• the low frequency poles (13–16) of the electromechanical part of the S-VSC (excitation control,

damper winding and swing equation) in the range of 1 Hz.

To clearly define which phenomena are related to the single poles, the analysis of the participation
factors [14] can be performed. The participation factor pik of the k-th state to the i-th mode is defined as:

pik = Φik · Ψki (26)

where Φik is the k-th value of the right eigenvector Φi and Ψki is the k-th value of the left eigenvector Ψi.
From (26), the states and the modes of the system can be correlated as the results in Table 1. In this

way, the poles can be associated with the physical quantities that influence them.
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Figure 8. Pole map of the S-SVC. The poles are numbered according to Table 1.

Table 1. Poles and participation factors. Only significant factors are displayed (larger than 0.1).

Poles 1–2 3–4 5–6 7–8 9–10 11–12 13–14 15 16
f0 (Hz) 2084.58 1988.07 1513.86 272.92 50.34 31.85 1.38 1.35 0.16
τ (ms) 0.35 0.35 0.11 0.61 21.87 5.17 167.39 117.67 999.67

ζ 0.216 0.229 ∼1 0.959 0.145 0.966 0.691 – –

iid 0.2065 0.2079 0.1532 0.2639 – – – – –
iiq 0.2065 0.2079 0.1532 0.2609 – – – – –
igd – – – – 0.2740 – – – –
igq – – – – 0.2810 – – – –
vgd 0.2471 0.2475 – – – – – – –
vgq 0.2471 0.2474 – – – – – – –
xid – – – – – 0.5750 – – –
xiq – – – – – 0.5759 – – –
xpd – – 0.6859 0.1876 – – – – –
xpq – – 0.6863 0.1875 – – – – –
λd – – – 0.4200 0.2282 – – – –
λq – – – 0.4178 0.2199 – – – –
λrq – – – – – – 2.2608 5.5357 –
ωr – – – – – – 1.6308 −2.2624 –
δ – – – – – – 1.6362 −2.2699 –
λe – – – – – – – – 1.0002

Table 2. Inverter and S-VSC parameters for the state-space model and of the experimental setup.

Parameter Value Parameter Value

Vb 230
√

2 V Sb 15 kVA
L f 2 mH Cf 5 μF
L f g 1 mH Lg 3 mH
kp 3.77 Ω ki 710.6 Ω/s
Ls 0.1 pu Rs 0.02 pu
H 4 s ke 0.22
Lrq 1.048 pu τrq0 0.278 s
fs = fsw 10 kHz VDC 700 V
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From the point of view of a multi-timescale analysis, the poles whose time constants are too
small or too large can be excluded to simplify the model. For example, in the considered case study,
the model can be simplified to analyze the low frequency behavior of the system (e.g., integration in a
wider network to study the inertial behavior of the system during a frequency drop), by neglecting
the high frequency poles related to the LCL filter physical parameters and from the current controller,
which can be approximated with a direct feed-through with no dynamics, being orders of magnitude
faster than the electromechanical dynamics of the S-VSC. The blocks and their interconnections can be
rearranged to obtain a simplified model. This simplified model is useful to study the low frequency
interaction within a more complex network.

Moreover, the state-space model allows the study of the behavior of the system under a change of
parameters. A practical example is the variation of the short circuit ratio (SCR) in the connection to
the grid, representing the inverse of the magnitude of the grid impedance in per unit. This analysis is
especially important for wind power applications connected to very weak grids. In fact, due to the
often isolated geographical positions, long cables or overhead lines connections are necessary and SCR
ranging down to 1.5 or even less have been reported [40].

In Figure 9 the SCR of the system is swept from 10 to 1.5. The S-SVC damper and excitation
control parameters are tuned accordingly. As it can be seen from the pole map, the poles relative to
the LCL filter (1–4) are altered in their frequency, as the grid side inductance is modified. The S-VSC
stator poles (9, 10) are also affected, being the stator in an equivalent series connection with the grid
inductance. The effect is a lower damping of such poles that can be however easily compensated for
by increasing the virtual stator resistance Rs. Finally, the low frequency mechanical poles (13–15) do
not lose damping, thanks to the tuning algorithm described in [38], but only change their natural
frequency. The excitation control pole (16) is not modified, as it is tuned to always obtain the desired
time constant.

As previously mentioned, the state-space model can be used for a wide range of analyses. Analyses
of interest are, for example, the pole map for different operating points (i.e., operation under load)
and the pole variation due to the influence of parametric uncertainty of the physical components
(i.e., grid inductance, filter parameters) on the tuning of both the controllers and the VSG.

(a) (b)

Figure 9. Pole map of the S-SVC when the SCR changes from 10 to 1.5. The arrows indicate a decrease
in the SCR. The poles are numbered according to Table 1. From left to right: (a) Complete pole map;
(b) Magnifications of the lower frequency poles.
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5.2. Experimental Validation

The obtained state-space model can then be verified by a comparison with either a simulation
of the complete system (e.g., Simulink, PLECS, PSCAD and other simulation tools can be used) or
experimentally.

In this case, the S-VSC has been implemented on a dSPACE DS 1007, controlling a 15 kVA
three-phase inverter connected to a grid emulator, as shown in Figure 10. The control runs at
fs = 10 kHz, which also corresponds to the switching frequency fsw of the converter.

Grid
Emulator

dSPACE
Controller

LCL
Filter

Inverter

Figure 10. Experimental setup where the controller is based on dSPACE.

The parameters of both the experimental setup and the S-VSC are listed in Table 2.
The following four tests have been performed to validate the state-space model using all the five

available inputs ΔP∗
ext, ΔQ∗

ext, Δωg, ΔEg and Δφg:

1. Step active power reference variation ΔP∗
ext;

2. Step reactive power reference variation ΔQ∗
ext;

3. Step drop of Grid frequency Δωg;
4. Grid voltage drop ΔEg with phase jump Δφg.

In the first test (Figure 11) the active power fed to the grid and the frequency of the S-VSC are
compared with the outputs of the state-space model. The active power reference rises from 0.2 pu to
0.3 pu at t = 0.2 s. This choice allows a more general test of the state-space model. In fact, as it can be
seen in (A5), a large part of the matrix Ds depends on the initial active and reactive power references
P∗

0 and Q∗
0. Therefore, a non zero initial power operating point has been chosen, better to verify this

part of the model. As it can be seen from Figure 11 both the S-VSC virtual speed ωr and the injected
active power are similar to the results from the state-space model. The state space-model, as it has been
described, does not take into account the non-ideal behavior of the measurement process (e.g., noise,
delays), which on the other hand may affect the experimental setup.
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(a) (b)

Figure 11. Test 1: Step in active power reference ΔP∗
ext from 0.2 pu to 0.3 pu. From left to right: (a) S-VSC

virtual rotor speed (Hz) from experimental test (Exp) and state-space model (SS); (b) Active power
injected from the inverter (pu) from experimental test (Exp), filtered active power (Filt) and output of
the state-space model (SS).

In the second test (Figure 12), the reactive power injected by the inverter is compared, when the
reactive power reference rises from 0.1 pu to 0.2 pu. As with Test 1, the initial non-zero operating point
has been chosen better to test the model. Also in this case, the obtained model is accurate enough
to simulate the step transient in the reactive power reference. Again, the state-space model is not
including the non-ideal behavior of the experimental setup. This non-ideal behavior can be neglected
when dealing with longer timescales, such as in Test 2. In fact, the delays and the noise act with much
shorter time constants, which do not affect the behavior during these transients (operating in the time
scale of seconds).

Figure 12. Test 2: Step in reactive power reference ΔQ∗
ext from 0.1 pu to 0.2 pu. Reactive power injected

from the inverter (pu) from experimental test (exp), filtered reactive power (Filt) and output of the
state-space model (SS).

Test 3 (Figure 13) deals with the input relative to the grid frequency variation Δωg. A step
frequency variation of −0.2 Hz has been applied by the grid emulator. The S-VSC tries to compensate
the frequency drop by injecting active power into the grid, providing a virtual inertial effect.
The state-space model well predicts both the S-VSC speed ωr profile (Figure 13a) and the amount of
active power injected (Figure 13b). The modeling of the frequency variations, as obtained here, can
be useful in system level studies, when analyzing frequency regulation and inertial support. This
kind of analysis also helps studying the inertial effect resulting from a different tuning of the S-VSC
(the key parameters are in this case the inertia constant H and the virtual damper parameters τrq0 and
Lrq, which are directly related to the electromechanical damping ζ of the virtual machine [38]).
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(a) (b)

Figure 13. Test 3: Grid frequency step drop Δωg from 50 Hz to 49.8 Hz. From left to right: (a) S-VSC
virtual rotor speed ωr (Hz) from experimental test (Exp) and state-space model (SS); (b) Active power
injected into the grid (pu) from experimental test (Exp), filtered active power (Filt) and output of the
state-space model (SS).

Finally, Test 4 (Figure 14) validates the behavior of the system in case of a realistic grid fault.
During the fault, the voltage of the grid drops to 95% of its nominal value and a phase jump of
−5◦ is applied. For such tests, the quantities of interest are the reactive power injected into the grid
(Figure 14a) to provide reactive support and the virtual excitation flux of the S-VSC λe (Figure 14b)
to evaluate the time constant of the excitation control. As expected, the state-space model is well
predicting both the shape and the amplitude of such quantities, proving itself as a good analysis tool
to correctly tune the S-VSC to guarantee the desired reactive response during grid faults.

(a) (b)

Figure 14. Test 4: Grid voltage drop ΔEg = −5 % with phase jump Δφg = −5◦. From left to right:
(a) Reactive power injected into the grid (pu) from experimental test (Exp), filtered reactive power (Filt)
and output of the state-space model (SS); (b) S-VSC virtual excitation flux λe from the experimental test
(Exp) and state-space model (SS).

6. Conclusions

In this paper, a general step-by-step procedure to easily obtain the state-space model of a
grid-connected converter equipped with advanced cascaded controllers using CCM is presented.
This mathematical method is suitable to model cascaded controllers with interconnected signals
thanks to its modular approach. Moreover, it is easily possible to modify or reconfigure the system,
without remodeling it.

This approach can be used to derive state-space models of grid-tied inverters equipped with
advanced cascaded controllers or emerging control techniques, such as VSGs in order to study and
simulate the stability of a power system with a higher integration of renewable energy sources.
In addition, state-space models are favorable in case of multi-timescale analysis of the system:
the eigenvalues of the system can be obtained, as well as their correlation to the system state variables.
Therefore, simplified models can be obtained, neglecting high or low frequency phenomena which are
out of the scope of the analysis.

The single models obtained following this procedure can represent a useful tool for both power
electronics designers and grid operators. The first can obtain preliminary information on the weak
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spots of the system they are designing and test their behavior under different operating conditions.
From the grid side, such models would be provided by the manufacturers with different level of
details [3,4] to be integrated in a more system-level analysis.

This step-by-step approach has been verified with a practical example of the modeling of a VSG
model (S-VSC), which is then validated experimentally on a 15 kVA grid-connected inverter.
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Abbreviations

The following abbreviations are used in this manuscript:

CCM Component Connection Method
VSG Virtual Synchronous Generator
HVDC High Voltage Direct Current
S-VSC Simplified Virtual Synchronous Compensator
PLL Phase Locked Loop
PI Proportional Integral

Appendix A

The subscript 0 indicates the value around which the linearization is performed.
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LCL filter matrices:

ALCL =

⎡
⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣

−ωb
Ri + R f

Li
ωr0ωb ωb

R f

Li
0 −ωb

Li
0

−ωr0ωb −ωb
Ri + R f

Li
0 ωb

R f

Li
0 −ωb

Li

ωb
R f

L f g + Lg
0 −ωb

R f g + Rg + R f

L f g + Lg
ωr0ωb

ωb
L f g + Lg

0

0 ωb
R f

L f g + Lg
−ωr0ωb −ωb

R f g + Rg + R f

L f g + Lg
0

ωb
L f g + Lg

ωb
Cf

0 −ωb
Cf

0 0 ωr0ωb

0
ωb
Cf

0 −ωb
Cf

−ωr0ωb 0

⎤
⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦

BLCL =

⎡
⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣

ωb
Li

0 0 0 ωb Iq
i0

0
ωb
Li

0 0 −ωb Id
i0

0 0 − ωb
L f g + Lg

0 ωb Iq
g0

0 0 0 − ωb
L f g + Lg

−ωb Id
g0

0 0 0 0 ωbVq
c0

0 0 0 0 −ωbVd
c0

⎤
⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦

CLCL =

⎡
⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣

1 0 0 0 0 0
0 1 0 0 0 0

R f 0 −R f 0 1 0
0 R f 0 −R f 0 1

LgR f

L f g + Lg
0

RgL f g + R f gLg − LgR f

L f g + Lg
0

Lg

L f g + Lg
0

0
LgR f

L f g + Lg
0

RgL f g + R f gLg − LgR f

L f g + Lg
0

Lg

L f g + Lg

⎤
⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦

DLCL =

⎡
⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎢⎣

0 0 0 0 0
0 0 0 0 0
0 0 0 0 0
0 0 0 0 0

0 0
L f g

L f g + Lg
0 0

0 0 0
L f g

L f g + Lg
0

⎤
⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎥⎦

(A1)
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Current controller matrices:

AInv =

⎡
⎢⎢⎢⎢⎢⎢⎣

0 0 0 0
0 0 0 0
4
Td

0 − 2
Td

0

0
4
Td

0 − 2
Td

⎤
⎥⎥⎥⎥⎥⎥⎦

BInv =

⎡
⎢⎢⎢⎢⎢⎢⎣

ki 0 −ki 0
0 ki 0 −ki

kp
4
Td

0 −kp
4
Td

ωr0Li
4
Td

0 kp
4
Td

−ωr0Li
4
Td

−kp
4
Td

⎤
⎥⎥⎥⎥⎥⎥⎦

CInv =

[
−1 0 1 0
0 −1 0 1

]

DInv =

[
−kp 0 kp −ωr0Li

0 −kp ωr0Li kp

]

(A2)

S-VSC electromagnetic part matrices:

AElt =

⎡
⎢⎢⎢⎢⎢⎢⎢⎣

−ωb
Rv

L”
d

ωr0ωb 0

−ωr0ωb −ωb
Rv

L”
q

ωb
Rv

L”
q

0
Lrq

τrq0L”
q

−1 + Lrq/L”
q

τrq0

⎤
⎥⎥⎥⎥⎥⎥⎥⎦

BElt =

⎡
⎢⎢⎣
ωb 0 ωbΛq0 ωb

Rv

L”
d

0 ωb −ωbΛd0 0
0 0 0 0

⎤
⎥⎥⎦

CElt =

⎡
⎢⎢⎣
− 1

L”
d

0 0

0 − 1
L”

q

1
L”

q

⎤
⎥⎥⎦

DElt =

⎡
⎣0 0 0

1
L”

d
0 0 0 0

⎤
⎦

(A3)
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S-VSC power loops matrices:

APower =

⎡
⎢⎣ 0 0 0
ωb 0 0
0 0 0

⎤
⎥⎦

BPower =

⎡
⎢⎢⎢⎢⎢⎣

0 0 − Ivd0
2H

− Ivq0

2H
−Vgd0

2H
−Vgq0

2H
0

0 0 0 0 0 0 −ωb

0 0 ke
Ivq0

Vg0
−ke

Ivd0
Vg0

−ke
Vgq0

Vg0
ke

Vgd0

Vg0
0

⎤
⎥⎥⎥⎥⎥⎦

CPower =

⎡
⎢⎢⎢⎢⎢⎣

0 0 0
0 0 0
1 0 0
0 1 0
0 0 1

⎤
⎥⎥⎥⎥⎥⎦

DPower =

⎡
⎢⎢⎢⎢⎢⎣

0 0 Ivd0 Ivq0 Vgd0 Vgq0 0
0 0 −Ivq0 Ivd0 Vgq0 −Vgd0 0
0 0 0 0 0 0 0
0 0 0 0 0 0 0
0 0 0 0 0 0 0

⎤
⎥⎥⎥⎥⎥⎦

(A4)

Power to current reference calculation:

DRe f =

⎡
⎢⎢⎢⎢⎣

vgd0

V2
g0

vgq0

V2
g0

vgd0

V2
g0

vgq0

V2
g0

vgd0

V2
g0

vgq0

V2
g0

P∗
0 (v

2
gq0 − v2

gd0)− 2Q∗
0vgd0vgq0

V4
g0

Q∗
0(v

2
gd0 − v2

gq0)− 2P∗
0 vgd0vgq0

V4
g0

vgq0

V2
g0

−vgd0

V2
g0

vgq0

V2
g0

−vgd0

V2
g0

vgq0

V2
g0

−vgd0

V2
g0

−
2P∗

0 vgd0vgq0 + Q∗
0(v

2
gq0 − v2

gd0)

V4
g0

P∗
0 (v

2
gd0 − v2

gq0) + 2Q∗
0vgd0vgq0

V4
g0

⎤
⎥⎥⎥⎥⎦ (A5)

Grid perturbation matrix:

DGrid =

⎡
⎢⎢⎣

egq0
egd0

Eg0
−egq0

−egd0
egq0

Eg0
egd0

⎤
⎥⎥⎦ (A6)

Connection matrices. Only the non-zero elements are given:

Tuy27×19 :

Tuy(1, 7) = 1 Tuy(2, 8) = 1 Tuy(3, 18) = 1 Tuy(4, 19) = 1 Tuy(5, 13) = 1

Tuy(6, 16) = 1 Tuy(7, 17) = 1 Tuy(8, 1) = 1 Tuy(9, 2) = 1 Tuy(10, 3) = 1

Tuy(11, 4) = 1 Tuy(12, 13) = 1 Tuy(13, 15) = 1 Tuy(14, 3) = 1 Tuy(15, 4) = 1

Tuy(16, 9) = 1 Tuy(17, 10) = 1 Tuy(21, 11) = 1 Tuy(22, 12) = 1 Tuy(23, 3) = 1

Tuy(24, 4) = 1 Tuy(25, 14) = 1

Tus27×5 : Tus(18, 3) = 1 Tus(19, 1) = 1 Tus(20, 2) = 1 Tus(26, 4) = 1 Tus(27, 5) = 1

Tsy6×19 :

Tsy(1, 1) =
3
2

Vd
g0 Tsy(1, 3) =

3
2

Id
g0 Tsy(1, 2) =

3
2

Vq
g0 Tsy(1, 4) =

3
2

Iq
g0

Tsy(2, 2) =
3
2

Vq
g0 Tsy(2, 4) =

3
2

Id
g0 Tsy(2, 1) = −3

2
Vd

g0 Tsy(2, 3) = −3
2

Id
g0

Tsy(3, 13) = 1 Tsy(4, 14) = 1 Tsy(5, 3) = 1 Tsy(6, 4) = 1

(A7)
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36. Dragičević, T.; Lu, X.; Vasquez, J.C.; Guerrero, J.M. DC Microgrids—Part I: A Review of Control Strategies
and Stabilization Techniques. IEEE Trans. Power Electron. 2016, 31, 4876–4891. [CrossRef]
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Abstract: In this work, a computationally efficient approach for the simulation of a DC-DC converter
connected to a photovoltaic device is proposed. The methodology is based on a combination of a
highly efficient formulation of the one-diode model for photovoltaic (PV) devices and a state-space
formulation of the converter as well as an accurate steady-state detection methodology. The approach
was experimentally validated to assess its accuracy. The model is accurate both in its dynamic
response (tested in full linearity and with a simulated PV device as the input) and in its steady-state
response (tested with an outdoor experimental measurement setup). The model detects automatically
the reaching of a steady state, thus resulting in lowered computational costs. The approach is
presented as a mathematical model that can be efficiently included in a large simulation system or
statistical analysis.

Keywords: DC-DC converters; photovoltaics; single-diode model; state-space

1. Introduction

Modeling the dynamic behavior of a photovoltaic power system is a challenging and actual
topic due to its nonlinear nature and its dependence on environmental quantities [1]. The whole
conversion system is, in general, composed of several photovoltaic devices, DC-DC conversion stages,
energy storage units, and, usually, an inverter for grid connection. Considering the chain from the end,
grid-connected inverters are usually well-understood, and considerable literature can be found on
modeling both their AC and transient responses [2–4]. Most researches consider parasitic components
that highly affect the converter operation, using both a linear equivalent circuit approach and state-space
averaging methods [5–13]. On the other hand, energy storage is an open topic considering the wide
options for storage technologies that are available or rising [14,15]. The DC stage is considerably simple
to model when the input voltage can be considered an ideal source; however, a nonlinear device such
as a photovoltaic (PV) panel can void several assumptions used for the simple steady-state modeling
of the DC converter. Electrical modeling of a PV device involves an interaction with the environmental
variables of irradiance (G) and temperature (T) to correctly represent the voltage-current relationship
of the device. The assessment and forecasting of such quantities, especially irradiance, is an open
problem in the literature [16–19]. Modeling the PV device connected to a DC converter can be difficult,
computationally intensive, and might lead to numerical instability. A complete overview of the issues
related can be found in [1,4,20], where the stability of the control process is discussed in an exhaustive
way, including the problematics related to maximum power point tracking and small-signal modeling
of the PV source. The reading of [4,20] is also important to better understand the differences raised
when the PV source is considered equivalent to a voltage or current source. The purpose of this work
is to address the difficulties in modeling the nonlinearity of the PV source characteristic by discussing
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a computationally efficient implementation of the model. Two key aspects are optimized. The first
one involves the simulation of the PV device by means of the single-diode model (in the version of
a five-parameters model) [21,22]. This circuit model is accurate on the majority of silicon devices,
under variable environmental conditions [23]. This individual element of the framework was chosen
with solid foundations in state-of-the-art approaches. The single-diode model is a preferred choice for
the vast majority of PV literature, both for its computational speed and the wide options for model
identification algorithms available. The model was implemented in the framework, with some recent
optimizations to enhance the numerical stability. Through the application of the Lambert W function,
two explicit relationships can be formulated [24]: the voltage can be written as a function of the current
or the current can be written as a function of the voltage, i.e., the PV source becomes equivalent to a
current-controlled voltage source (CCVS) or to a voltage-controlled current source (VCCS). However,
for some operating conditions of the one-diode model, an exponential overflow can cause divergence
in the Lambert function expressions. This shortcoming is addressed through an additional functional
mapping [25,26]. The second optimization involves the transient simulation of the DC-DC converter
connected to the PV device. A procedure to predict the steady-state value of the state variables is
proposed. Using this knowledge, the transient simulation can be halted as soon as a steady state is
reached. It should be underlined that this work aims to create an efficient framework for the simulation
of a DC-DC converter in the presence of a PV input; thus, the steady-state detection approach is its core
concept, since it is able to shorten drastically the computational times. This is particularly important
since a time domain analysis is performed to remark the nonlinear and time-varying behaviors of the
PV source.

The accuracy of the proposed modeling approach was validated experimentally on three
workbenches. The first one to assess the dynamic model of the DC-DC converter without the
nonlinearity introduced by the PV device. The second to assess the accuracy of the steady-state
predicting procedure when a real PV device is connected to the DC-DC converter. The third one to
assess the accuracy of the transient response for the full DC-DC converter plus PV device system,
making use of a PV device electrical emulator and a programmable DC load.

An important contribution comes from the presentation of the proposed approach. The majority
of the simulations involving DC-DC converters and PV devices found in the literature make use
of circuit simulation software [27–29]. The further inclusion of these simulations in larger analyses
(e.g., Monte Carlo or a grid simulation for machine-learning purposes [30–32]) is difficult and unpractical.
The approach proposed in this work, on the other hand, is presented in the form of clear mathematical
models that can be implemented in any programming language.

The paper is structured as follows. In Section 2, the proposed model is described as composed
by the PV device model, the transient and steady-state model for the DC-DC converter, and the
steady-state prediction procedure, along with a computational costs discussion. In Section 3, the sizing
and hardware implementation of the DC-DC converter is described. The three experimental validation
workbenches are described, and the results are presented in Section 4. Final considerations and
conclusions close the manuscript.

2. The Proposed Model

The model presented in this work represents a photovoltaic device connected to a DC-DC converter
with a resistive load. The nature of the real system to represent includes both the electrical behavior of
the DC-DC converter and the nonlinear, environmental-dependent nature of the PV device. The model
aims to represent the electrical behavior of the full system with a good accuracy, with reduced
computational costs both in the transient and steady state operations. This is achieved through a lean
reformulation of the current-voltage relationship for a single-diode model, a state-space formulation
for the DC-DC converter, and, most importantly, an effective strategy for steady-state detection.
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2.1. Single-Diode Model for Transient Simulations

The single-diode model is an equivalent circuit model that can be used to represent the electrical
behavior of a PV device with arbitrary conditions of irradiance (G) and temperature (T). The circuital
representation of the model is shown in Figure 1 It should be noted that the single-diode model is
meant to represent a single PV cell. However, under the assumptions of uniform irradiance and
temperature, it can be used to represent an arbitrary series and parallel of PV cells. Thus, it is suitable
to represent PV panels, strings, and arrays.

Figure 1. Single-diode equivalent circuit model for a photovoltaic (PV) device.

Considering the only part of the circuit where the voltage (vpv) and current (ipv) are defined in an
active sign convention, the voltage-current relationship of this model can be easily derived by applying
the Kirchhoff Current Law. As can be seen, it is nonlinear, transcendent, and implicit.

Iirr − Io

[
exp
(vpv + RS Ipv

n Vt

)
− 1
]
− vpv + RS ipv

RSH
− ipv = 0 (1)

The five parameters of the model are plainly apparent in the equation, where Iirr is the generated
photocurrent, Io is the diode reverse saturation current, n is the ideality factor, RS is the series resistance,
and RSH is the shunt resistance. Since (1) describes the voltage-current relationship of the device,
the general application involves the determination of the current for a known device voltage or
vice-versa. Unfortunately, since (1) is implicit and transcendent, the only way to solve it is by using
iterative root-finding techniques, such as the Newton-Raphson method, fixing either the voltage or
the current, and solving the equation for the missing variable. This approach is very common and is
acceptably fast but, as will be shown below, lacks a proper explicit formulation.

Regardless of the difficulty in solving (1), the single-diode model must be identified prior
to being able to represent a physical device. Identification of the model (over a physical device)
consists in the determination of the five parameters that results in the best fit with the electrical
characteristic of the device at the standard reference conditions, SRC (T = 25 ◦C and G = 1000 W/m2).
Several methodologies exist in the literature that allow identification either from experimental
measurements [25,33] or quantities from the constructor datasheet [22].

Since the circuit model of the device is identified at the SRC, the model must be completed by a
set of equations [23] that express a dependence of the five circuit parameters from the environmental
conditions of irradiance (G) and temperature (T).

RS = RS,re f (2)

n = nre f (3)

Rsh = Rsh,re f

(
G

Gre f

)
(4)

Iirr = Iirr,re f

(Gre f

G

)[
1 + α

(
T − Tre f

)]
(5)
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I0 = I0,re f

(
T

Tre f

)3
exp

⎡⎢⎢⎢⎢⎢⎢⎣Eg
(
Tre f
)

kTre f
− Eg(T)

kT

⎤⎥⎥⎥⎥⎥⎥⎦ (6)

Through this set of equations, it is possible to update the electrical characteristic of the model for
a time-variable profile of irradiance and temperature, which is the classic scenario for a real PV device.
The subscript ref is for the parameters when the model represents the device at the SRC. The other
symbols are k for the Boltzmann constant, α for the temperature coefficient for the open-circuit current,
and Eg (T) is the temperature-dependent bandgap energy of the semiconductor used for the device
construction. If this current-voltage (I-V) relationship is to be included in a transient analysis, such as
the one for a DC-DC converter, for each time step, a nonlinear root-finding problem should be solved,
with an added computational burden. This is especially true if several PV devices are connected in a
series or in parallel. A first reformulation of this relationship is found in the literature through the
means of the Lambert W function, resulting in two expressions [24]:

vpv
(
ipv
)
= RSH(Iirr + Io) − (RS + RSH)ipv − nVt W

⎡⎢⎢⎢⎢⎢⎢⎣ IoRSH
nVt

exp
RSH
(
Iirr + Io − ipv

)
nVt

⎤⎥⎥⎥⎥⎥⎥⎦ (7)

ipv
(
vpv
)
= −nVt

RS
W
[

RS
nVt

∗ I0RSH
RSH + RS

∗ exp
(

RSH
RS + RSH

vpv + RS(Iirr + Io)

nVt

)]
+
(Iirr + Io)RSH − vpv

RSH + RS
(8)

This reformulation moves the computational burden of the root-finding algorithm from the
solution of a generic equation to the solution of the Lambert W function for a positive argument.
Although the explicit current relationship (8) is, in general, without computational problems, the same
cannot be said for the explicit voltage relationship [25,26]. When very large arguments appear in the
exponential used in (7), which is limited to arguments below ~700 in a 64-bit double-precision float
computation environment, the overflow may lead to divergence. A possible solution involves using a
mapping function such as the one in (9) and (10).

g(z) = ln[W· exp(z)] (9)

g(z) + exp[g(z)] = z (10)

From this mapping, the explicit voltage relationship is

vpv
(
ipv
)
= −ipv·RS + n·Vt

[
g(z) − ln

( IoRSH
nVt

)]
z = ln

( IoRSH
nVt

)
+

RSH
(
Iirr + Io − ipv

)
nVt

(11)

which can be used along with (8) to include the I-V relationship of a PV device in any Kirchhoff circuital
equation resulting from a state-space analysis of a dynamic circuit.

2.2. Transient Model for the DC-DC Converter

The topology investigated in this work is a classic buck-boost converter. This topology is useful
both for load-oriented applications (e.g., battery charging and equalization [34,35]) and source-oriented
applications (e.g., maximum power point tracking [36]). The circuit model, featuring the main parasitic
elements, is shown in Figure 2 where, CIN is a capacitor stabilizing the converter input voltage, Rds is
the on resistance of the controlled switch (e.g. a power mosfet), RL is the inductor L equivalent series
resistance, Vfwd is the diode threshold voltage, RD is the diode conduction resistance, C is the converter
output capacitance and R is the converter load resistance; moreover, ipv is the panel output current,
iL is the inductor current, vCIN is the voltage across the input capacitor and, vC is the voltage across the
output. Since the purpose of this work is to create a model able to represent the full system both in the
transient and steady states, the first step involves the identification of the state variables of the system
and the derivation of the relative state equations. The system is commuted through a switch and a
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diode, and for this reason, two sets of state equations needs to be defined: one for the ON state and
one for the OFF state. Through simple observations, the ON and OFF state equations of the circuit can
be derived.

ON :

⎧⎪⎪⎪⎪⎨⎪⎪⎪⎪⎩
.
x1 = 1

C

(
− x1

R

)
.
x2 = 1

L [x3 − (RDS + RL)x2]
.
x3 = 1

CIN

[
ipv(x3) − x2

] (12)

OFF :

⎧⎪⎪⎪⎪⎨⎪⎪⎪⎪⎩
.
x1 = 1

C

(
− x1

R − x2
)

.
x2 = 1

L

(
−x2RL + x1 −V f wd −RDx2

)
.
x3 = 1

CIN

[
ipv(x3)

] (13)

 

Figure 2. Circuit model for the PV device connected to the DC-DC converter, highlighting the
parasitic components.

The state variables appearing in (12) and (13) are the following: x1 is the voltage across the output
capacitor, x2 is the current through the inductor, and x3 is the voltage across the input capacitor. As can
be seen in the last state equation, the I-V relationship of the PV device affects the current of the input
capacitor. This is the only nonlinearity present in the dynamic model of the system. The PV device
is connected directly in parallel with the input capacitor, and since its voltage is known at each time
step (being a state variable), the most convenient choice to express the PV electrical relationship is (8),
and consequently, it acts as the VCCS. However, if a more complex converter was implemented, or if,
for some reason, the input capacitor was to be removed, the series connection between the PV device
and the main inductor L would result in a more practical choice of (11) as the relationship to represent
the PV device.

The state equations can be integrated numerically to create a time response of the system.
Assuming a variable profile for irradiance and temperature, the PV circuit parameters (and thus,
the resulting state equations) can be updated by means of (2)–(6). As the system reaches a steady state,
the integration can halt, and the simulation can proceed with a steady-state linearized model. Since the
system is nonlinear, it is impossible to estimate the steady state from the time constants, and it must be
manually detected by observing the state variables.

2.3. Steady-State Detection and Modeling

In a steady state, it is safe to assume that the large capacitor in parallel with the PV device has
a stable and constant voltage across it. From a system point of view, this transforms the former
state variable in a system input. Since the nonlinearity is hidden behind this input, it is possible to
approach the DC-DC converter simulation with classic tools such as defining the transfer function
via the state-space average (SSA) [37,38]. With reference to the first two equations of (12) and (13),
the linearized and averaged system is shown in (14), where VIN is the constant voltage across the CIN
input capacitor. This new system can be integrated analytically or numerically with a large time step
for reduced computational costs.

A =

⎡⎢⎢⎢⎢⎣ − 1
RC

D−1
C

1−D
L

D(RD−RDS)−(RL+RD)
L

⎤⎥⎥⎥⎥⎦; B =

[
0 0
D
L

D−1
L

]
; u =

[
VIN

V f wd

]
; x =

[
x1

x2

]
.
x = Ax + Bu (14)
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From the SSA system, by assuming a steady state, three transfer functions can be easily derived:

VOUT
VIN

=
−D

(D− 1) + D(RD−RDS)−(RL+RD)
R(1−D)

(15)

IOUT
IIN

=
1−D

D
(16)

ROUT
RIN

=
−D2

(1−D)
[
(D− 1) + D(RD−RDS)−(RL+RD)

R(1−D)

] (17)

Indeed, in (17), the R on the right-hand side of the equation is equal to ROUT. The transfer functions
can be used as a method to detect the steady state through these simple steps:

- Using (17), find the equivalent input load seen by the PV panel across the DC-DC converter.
- Find the operating point of the PV panel through (11) or (8) and the steady-state input voltage VIN,SS.
- Using (15), determine the steady-state output voltage VOUT,SS.
- Calculate the output current with Ohm’s law, then use (16) to determine the input current IIN,SS.
- Calculate the average current through the inductor as IL,SS = IIN,SS/D.
- To determine the accuracy of the steady state, compare x1 with VOUT,SS, x2 with IIN,SS, and x3

with VIN,SS.

An example of this comparison is shown in Figure 3 for three different values of duty cycle
D (0.4, 0.5, and 0.6). The transient reaches a steady-state value that is very close to the predicted
steady-state value obtained through the (15)–(17) transfer functions. From an implementation point of
view, since the electric quantities are averagely constant once a steady state is reached, the simulation
can be halted or, if needed, can be performed with very large time steps using (14), which can hold
for small perturbations as well. This results in an almost negligible computational cost. On the other
hand, if a large perturbation (e.g., on the load or in the environmental conditions of the PV device)
occurs, it is possible to restart the transient simulation using the steady-state quantities of VOUT,SS,
IL,SS, and VIN,SS as the initial conditions for the three state variables: x1, x2, and x3.

time (s)

time (s)

time (s)

V ୍(V)
I (A)

V (V
)

Figure 3. Comparison between the transient solution of the circuit (full-colored lines) and the estimated
steady-state value of the three state variables (dashed black lines). The blue curve is relative to D = 0.4,
magenta to D = 0.5, and red to D = 0.6.
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2.4. Computational Costs

The model computational load is only relevant for the transient part and is composed by the
short time-step integration of (12) and (13). Inside this computation, a large contribution to the
computational cost comes from the solution of (8) by means of the Lambert W function at each time
step. The model was profiled for performance on a Core i7 Windows 10 machine running Matlab2020a
by The Mathworks, Inc., Natick, Massachusetts (MA)considering a variable number of time steps
(from 6400 to 640,000) to account for the memory usage effects. The average computational time
for a single time step is 4.213 × 10−5 s. The contribution from the solution of (8), considering the
variable irradiance and temperature (thus, considering the use of (4)–(6) for parameter updates) is
1.731 × 10−5 s. In other words, more than 40% of the computational burden is related to the nonlinear
nature of the problem and, in particular, to the solution of the Lambert W function found in (8) (or the
g function found in (11), in case a voltage relation is needed).

The costs involved for the transient part of the model are considerable and would lead to long
computational times for simulations. In this context, the ability to quickly switch into a simpler
steady-state model after the transient is exhausted is a strong feature that makes this approach suitable
for further integrations into more complex analysis protocols, such as Monte Carlo optimizations.

3. DC-DC Converter

To validate the proposed model, a DC-DC converter was built to interface the load with the
photovoltaic panel. The converter constraints are summarized in Table 1.

Table 1. System parameters.

Parameter Value Description

f 0 20 kHz Switching Frequency
D 0.3–0.6 Duty Cycle Range

Vi,max 33.3 V Maximum Input Voltage
Io 6.67–40 A Output Current
RL 0-20 Ω Load Resistance

ΔVo 0.3 V Maximum Output Ripple
Po 100–295 W Output Power

The procedure given in [8,39] is used for the DC-DC converter design. The average output current
is calculated as

Io =
Imax
o + Imin

o
2

= 23.34 A (18)

The inductor average current is expressed as

IL =
Io

1−D
(19)

Thus, the inductor average current IL depends on the duty cycle. If the system operates at
D = Dmax = 0.6, the current is Imax

L = 58.34 A, while if the converter operates at D = Dmax = 0.3,
the current is Imin

L = 33.34 A.
The minimum value of inductance needed to operate in continuous conduction mode (CCM) is

Lmin =
Rmax

L (1−Dmin)
2

2 f
= 184 μH (20)
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while the minimum capacitance needed to operate at the desired output voltage ripple is

Cmin =
Imax
0 Dmin

f
[
ΔVo −

(
Imax
0

1−D + ΔIL
2

)
ESRC

] = 578 μF (21)

The input capacitance is used to hold up the input voltage during the time when the energy is
decreasing in the inductor.

If the input voltage drop should not be bigger than the input voltage ripple ΔVin, the minimum
effective value for this capacitor Cmin

IN is estimated with

Cmin
IN =

ILDmax

f
[
ΔVin − ΔILESRCIN

] = 1.73 mF (22)

Equation (10) in [40] implies that higher equivalent series resistance of the capacitor (ESR) increases
the input voltage drop. A SCT3022AL SiC power Mosfet driven by a 1EDC60H12AH isolated gate
driver is used in the Buck-Boost converter.

The Mosfet has a breakdown voltage VDSS = 650 V and a nominal conduction resistance of
rDS = 22 mΩ. A FFSP2065B SiC diode with a reverse voltage VRRM = 650 V and a continuous rectified
forward current IF = 20 A is used. The final sizing for the dynamic components of the DC-DC converter
used in the experimental validations is shown in Table 2. It should be noted that the ESRCIN and ESRC

were reported in the table, but for simplicity, they were neglected in the circuit model.

Table 2. Dynamic component values.

Component Measured

Inductance L 224.62 μH/ESRL = 0.023 Ω
Capacitance C 662.32 μF/ESRC = 0.016 Ω

Input Capacitance CIN 2937.2μF/ESRCIN = 0.016 Ω

4. Experimental Validation

The converter described in Section 3 was utilized in three different experimental workbenches
(WB): WB1 involved the measurement of the dynamic response for the DC-DC converter at a constant
voltage input. WB2 involved the steady-state response of the DC-DC converter with a real PV
panel as an input and operated under outdoor variable environmental conditions. WB3 involved the
dynamic response for the DC-DC converter with a hardware-simulated PV device as the input and a
programmable load as an output. The experimental measurements of each WB are compared against
the simulation based on the model described in Section 2.

4.1. WB1: Constant Voltage Input

The purpose of the first test is to assess the transient accuracy of the model for the DC-DC converter
by itself, using as input a voltage source. As stated before, a PV source is drastically different from a
voltage source, but we consider this first test important for the setup of the approach. By removing
the main nonlinearity from the system (i.e., the PV device), this allows for an analysis that is focused
only on the transient evolution of the fast-dynamic elements of the converter. The measurements and
the simulations represent the turn-on transient of the DC-DC converter with a constant input voltage.
The transient measurements were acquired using a dSPACE MicroLabBox (dSPACE Inc. Wixom, MI,
USA), which is an integrated solution for measurement and hardware development. The system
is based on an NXP (NXP Semiconductors Netherlands, Eindhoven) processor (dual core, 2 GHz),
features eight analog input channels with independent ADC conversion (14-bit and 10 Msps) and
a voltage range of ±10 V. The system features analog outputs as well, with 16 channels featuring
independent DAC conversion (16-bit and 1 Msps). Moreover, the system features 48 digital I/O ports
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configurable to implement the most common digital interfaces (e.g., CAN, I2C, SPI, etc.). For the
purpose of this setup, the digital output of the dSPACE was used to create the driving signal for the
Pulse Width Modulation (PWM) of the DC-DC converter, and the analog inputs were used to sample
the input and output voltage of the converter. The results of the output voltage at constant input
voltages of 5 V and 7 V are shown in Figure 4.
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Figure 4. Turn-on transient response of the converter with constant input voltages: 5 V (a) and 7 V (b).

4.2. WB2: Outdoor PV

The purpose of the second test is to assess the steady-state accuracy of the model when a real
PV panel is utilized as a source. The steady-state value is strongly influenced by the environmental
values of irradiance and temperature. For this reason, an outdoor setup was implemented featuring
a 230-W PV Panel TW230P60-FA2 by Tianwei, Changhua, Taiwan(a datasheet extract showing
the open circuit voltage VOC, the short circuit current ISC, the maximum power voltage VMP

and the maximum power current IMP can be seen in Table 3) and an instrumental chain for the
acquisition of instantaneous irradiance, panel backside temperature, DC-DC input voltage, and DC-DC
output voltage. The measurements are performed using a dedicated instrument for PV panel testing,
the Chauvin Arnoux Green Test FTV100 by Chauvin Arnoux, Paris, France. This instrument features
input ports for both AC and DC voltage and the current measurements, along with a set of input
ports for the temperature and irradiance probes. For the purpose of this test, the DC ports for voltage
(up to 1000 V) and current (up to 200 A) were used. The temperature was measured through a PT100
temperature probe by Chauvin Arnoux, Paris, France (−30 to 80 ◦C range with 1% accuracy), and the
solar irradiance was measured through a pyranometer by Chauvin Arnoux, Paris, France (up to a
2000 W/m2 range with 2% accuracy). For this measurement, a constant load resistance 11 Ω and three
different duty cycles (40%, 50%, and 60%) were used; the choice was done to test the system in a
mid-working condition. Measurements were performed in January 2020 at 43.799◦N. The measurement
chain is schematized in Figure 5, along with the electrical characteristics of the panel in Figure 6.
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The field implementation is shown in Figure 7. The irradiance values and temperature (Figure 8)
recorded by the FTV100 were used to simulate the PV device under variable conditions. The Chauvin
Arnoux was configured to average the temperature and irradiance measurements over 10 s. Thus,
300 points is a measurement spanning over 50 min. The small irradiance values are a consequence of
the local weather during the tests. It is worth noticing that obtaining a good steady-state accuracy at
low irradiances is much more difficult than at quasi-SRC, due to the behavior of the RSH parameter of
the one-diode model for low values of G. The steady-state input and output voltages, simulated and
measured, are shown in Figure 9.

Table 3. TW230P60 electrical characteristics.

VOC (V) ISC (A) VMP (V) IMP (A)

37.3 8.22 29.4 7.82

Figure 5. Measurement chain for the steady-state response over a variable irradiance and temperature.

Figure 6. Electrical characteristics of the TW230P60-FA2 panel at the standard reference conditions (SRC).
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Figure 7. Experimental workbench for the outdoor PV test.
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Figure 8. Irradiance (a) and temperature (b) conditions recorded during the measurement.
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Figure 9. Simulated and measured steady-state input (a) and output (b) voltages.

4.3. WB3: Variable Output Load

The purpose of the third test is to assess the transient accuracy of the model when a PV source
is present. Since changes in the irradiance and temperature are, in general, very slow if compared
to the time constants of the system, there is no real interest in simulating the transient involved in
them. On the other hand, the output load can change abruptly if a sudden energy sink is present.
For the purpose of the experimental validation, this scenario was created by using a step-variable
load. The measurement chain, schematized in Figure 10 and shown in Figure 11, is composed by
a four-channel oscilloscope (Tektronix TDS3014b by Tektronix, Inc. Beaverton, OR, USA), a 700-W
PV Device programmable simulator (TerraSAS ETS60), and a programmable AC-DC load (Itech IT
8615). A summary of the instrument’s relevant characteristics is shown in Table 4. In particular, the PV
simulator was programmed to simulate the panel reported in Table 5. The programmable load was
programmed to switch between the values of 7.5 Ω and 17.5 Ω. The choice for these values was made
considering that the PV device would work at the SRC, and for this I-V relationship, the panel would

138



Energies 2020, 13, 5100

switch from a quasi-SC (Short Circuit) condition (at 7.5 Ω) to a quasi-OC (Open Circuit) condition
(at 17.5 Ω), achieving a large transient. The duty cycle of the DC-DC converter was kept at D = 0.5.
The results of the two tests are shown in Figures 12 and 13. In the first one, the load resistance initially
is 17.5 Ω and is commuted to 7.5 Ω once a steady state is reached. In the second one, the initial load
resistance is 7.5 Ω and is commuted to 17.5 Ω before the steady state is reached. All the performed
experimental tests confirm that the model correctly simulates both the transient and steady-state
operations of the considered systems.

Figure 10. Measurement chain for the transient response over a step-variable load change.

 

Figure 11. Experimental workbench depicting the TerraSAS ETS60 (a), the TDS3014b (b), the DC-DC
converter (c), and the IT8615 (d).

Table 4. Instrumental chain of the workbench 3 (WB3) summary.

Instrument Characteristics

Tektronix TDS3014b Oscilloscope

Four channels, up to 100 MHz
1 mV/div to 10 V/div vert. sensitivity
4 ns/div minimal time base
GPIB and LAN connectivity

Itech IT 8615 Electronic Load
Up to 420 Vrms range and 1800 VA
45-Hz to 450-Hz frequency range
GPIB, LAN, and USB connectivity

TerraSAS ETS60 Solar Simulator

Output up to 66 V (OC) and 14 A (SC)
Maximum output power 714 W
I-V curve resolution of 1024 points
LAN connectivity
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Table 5. Parameters for the PV simulator.

VOC (V) ISC (A) VMP (V) IMP (A)

20 1.10 17.22 1.04
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Figure 12. Transient evolution of the input voltage (a) and output voltage (b) for an output load change
from 7.5 Ω to 17.5 Ω.
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Figure 13. Transient evolution of the input voltage (a) and output voltage (b) for an output load change
from 17.5 Ω to 7.5 Ω.

140



Energies 2020, 13, 5100

The results obtained from this last workbench confirm the accuracy of the dynamic model even in
presence of the PV device nonlinearity. Although a small error can be seen in the steady-state parts
(which can be accounted for considering the nonideal connections), the transient evolution timings
match almost perfectly the simulation. This is particularly meaningful if this model is to be used for
the study of the DC-DC converter control systems, such as an MPPT controller, where an incorrect
estimate of the time required for the system response could result in a completely different behavior
between the simulations and the real system.

5. Conclusions

In this paper, an efficient and accurate methodology to simulate a DC-DC converter in photovoltaic
applications was proposed, with the aim of creating a framework suitable for further integration in
larger simulation and analysis environments. The proposed model was formulated to represent both the
physical-to-electrical behavior of a photovoltaic device (i.e., taking into account nonelectrical quantities
such as temperature and irradiance) and the dynamic nature of the DC-DC converter. The accuracy
of the proposed approach was validated against three different experimental workbenches (two for
the transient response and one for the steady-state response) to assess the reliability of the approach.
The model in the steady state can be integrated with state-of-the-art measurements and the forecasting
of irradiance [17–19] for power plant-produced energy estimations, and, in general, to assess the
electrical quantities of the system over a large timespan. The dynamic model is crucial for innovative
photovoltaic applications, such as automotive [41], where sudden changes in the environmental
quantities often perturb the steady state, or PV systems, with highly variable power absorptions.

The possibility of integration for such a model in larger structures, which is the main aim of
this research, is related to its computational efficiency and the wide adaptability that comes from
its constituent parts. The single-diode model might not be the most accurate model for PV devices
in the literature (more accurate, yet slower, is the double-diode model [42]), but it is a standard de
facto for the representation of silicon devices, has solid literature concerning the model identification,
and is computationally light. Moreover, the state-space approach, and the explicit current-voltage
characteristics introduced for the PV device, make the methodology described in this work applicable
to many different DC-DC converter topologies.

The methodology has, indeed, possible evolution and open problems. The choice of the single-diode
model was widely justified for silicon devices, yet for some new technologies such as organic PV,
it would be interesting to implement and validate other, more complex, circuit models [43,44]. To make
this inclusion viable from a computational point of view, it might require numerical optimization of
the circuit relations describing the models [45,46].

A second interesting possibility is to further extend the model chain. On the PV side, the model
could be coupled with forecasting or measurement methodologies for the environmental quantities
of irradiance and temperature [17–19]. On the load side, grid connection could be considered along
with a load profile. This later quantity, analogously to the environmental quantities of irradiance and
temperature, has a large literature field concerning measurement and forecasting [47–49].
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Abstract: With the introduction of the more electric aircraft, there is growing emphasis on improving
overall efficiency and thus gravimetric and volumetric power density, as well as smart functionalities
and safety of an aircraft. In future on-board power distribution networks, so-called high voltage
DC (HVDC, typically +/−270VDC) supplies will be introduced to facilitate distribution and reduce
the associated mass and volume, including harness. Future aircraft power distribution systems
will also very likely include energy storage devices (probably, batteries) for emergency back up
and engine starting. Correspondingly, novel DC-DC conversion solutions are required, which can
interface the traditional low voltage (28 V) DC bus with the new 270 V one. Such solutions presently
need to cater for a significant degree of flexibility in their power ratings, power transfer capability
and number of inputs/outputs. Specifically, multi-port power-scalable bi-directional converters
are required. This paper presents the design and testing of such a solution, addressing the use of
leading edge wide-band-gap (WBG) solid state technology, especially silicon carbide (SiC), for use as
high-frequency switches within the bi-directional converter on the high-voltage side.

Keywords: DC-DC converters; multi-port dual-active bridge (DAB) converter; wide-band-gap (WBG)
semiconductors; silicon carbide (SiC) MOSFETs; power converter

1. Introduction

The use of 115VAC 400 Hz and 28VDC power networks is a historical feature of avionic electrical
power generation and distribution systems. The AC power is used directly for high power loads,
such as starting, and is then rectified and conditioned to supply the bus power of +28VDC distributed
to aircraft control systems, flight decks, and entertainment systems. However, there has been a
pronounced movement within the aerospace industry to shift towards cleaner, more efficient and
lower maintenance aircraft design as a result of the emergence of high fuel prices, the global warming
problem, and high operating costs. The electrification of the aircraft to replace hydraulic or pneumatic
functions with electrical ones is one of the prime movers in this field, as in the concepts of the More
and All electric aircrafts [1–3]. This refers in particular to the replacement by electric actuators of
complex aircraft hydraulic actuator systems, thereby dramatically reducing weight, maintenance costs,
fuel consumption, footprint of carbon dioxide, and operating costs. Furthermore, the removal of
pneumatic engine bleed systems makes it possible to run the engine more effectively and thus to save
additional fuel.

The replacement of hydraulic and pneumatic systems with electric actuators and systems greatly
increases the total electrical power requirements for an aircraft, requiring new approaches to the
safe and intelligent delivery of aircraft power. To achieve the higher power ratings in a feasible way,
novel enhanced aircraft Electrical Power Distribution System (EPDS) architectures investigated over
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recent years include smart power management systems, characterized by the presence of at least one
high-voltage dc bus (HVDC, +/−270 V) and a low-voltage DC bus (LVDC, typically, 28 V), as illustrated
very summarily, for instance, in Figure 1. Such architectures require the presence of HVDC/LVDC
bi-directional DC-DC converters to interconnect and manage power transfer between the two bus
levels, also enabling the addition of energy storage devices. Due to the abundance and variety of
loads and still partly undefined power ratings (e.g., batteries) here, the focus is on a solution which
enables a high degree of flexibility in relation to power scaling. In particular, a solution is pursued,
in which a basic DC-DC converter power cell can be paralleled a number of times with control and
supervision functionalities carried out by a unique central board. The prime drivers of the design are
of course efficiency and power density, with an eye also to solutions meeting the single-fault tolerance
expectations typical of avionic solutions. The design and test results of both single power cell and
parallel operation are presented.

 

Figure 1. Generic illustration of future aircraft electrical network, including an high voltage dc (HVDC)
power distribution bus: dedicated bi-directional DC-DC converters interface the 270 and 28 V buses;
inverters cater for the AC loads (e.g., motors in pumps, actuators). Additional ports in the DC-DC
converters may also be used to interconnect storage devices, with different voltage levels.

2. 270-28 V Bi-Directional Converter Design

The dual-active-bridge (DAB) topology was chosen among different solutions, for the following
main advantages in this context [4,5]:

� 1st order dynamics and current generator equivalent characteristics, which enable straightforward
parallel-ability and thus: (a) overall power scalability; (b) in-built redundancy and guarantee
of reduced power operation capability; (c) overall efficiency optimization taking into account
maximum efficiency versus load values of individual converter cells;

� easy extension to multi-port realization to interconnect, for instance, to storage devices [6];
� Zero-Voltage-Switching (ZVS) turn on of the power devices over a broad load range;
� suitability for use of planar magnetics design with possibility of integrated magnetics solutions;
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� intrinsic current limitation in case of output short-circuit fault without the need for additional
limiters or breakers.

DAB converter theory and operation is amply covered in literature already (see [2,3,6–8],
for example) and so, here, the treatment of fundamental aspects is limited to some essential points of
relevance to the subsequent discussion. For simplicity, we refer to the 270 V bus side as the input and
the 28 V side as the output, but the discussion holds equal if the two are interchanged. The DAB consists
of two full H-Bridges interconnected through a transformer, Figure 2a. The switches in diagonal pairs
of either H-bridge are always turned on and off jointly and, within each bridge, each diagonal pair has
50% duty ratio. Control of output current delivery is achieved by introducing a phase-shift between
the operation of the switches in the two H-bridges; with a series inductance all referred to the primary
side, as in Figure 2a, the transformer secondary side gets directly connected to the output capacitor
and so, the output voltage value is imposed back onto the primary scaled by the transformation ratio;
the algebraic sum of input voltage and primary-reflected output voltage determines the voltage falling
across the series inductor LC during the phase-shift interval. Therefore, LC can be effectively used as
the current control element and its stored energy helps achieve turn-on soft switching of the power
devices by means of resonance phenomena with the parasitic capacitance of the switches during the
transitions. Both the power value and flow direction can be controlled by intervening on the value of
the phase-shift Φ between the driving signals of the input and output H-bridges.

phase-shifted, ߔ 

SiC MOSFET
SCT2120AFC

Si OptiMOS
IPA032N06NG

(a) (b) 

Figure 2. Main features of Dual-Active-Bridge converter: circuit schematic of the converter topology
based on SiC MOSFETs or the primary and Si MOSFETs for the secondary side (a) and summary of
output power delivery as a function of input voltage and phase-shift (b).

According to the fundamental model and neglecting losses, the power flow can be expressed by:

PDC =
VIN·VO
nωsLC

·Φ
(
1− Φ
π

)
(1)

where VIN, VO are the values of the input and output DC voltages, n is the transformer turns ratio,
ωs = 2π fs (fs switching frequency), and Φ is the phase-shift (in radians). Equation (1) corresponds to a
parabolic power delivery as a function of the phase-shift, with maximum power capability influenced
by the value of input voltage, as summarized in Figure 2b considering a realistic variable input voltage
range for the intended application.

2.1. Power Cell Design

Here, the intended nominal power rating of the brick power cell is 1.2 kW: more bricks can be
connected in parallel to scale the power up. The primary (270 V) and secondary (28 V) side power
cells are implemented using 650 V SiC MOSFETs (SCT2120AFC, ROHM Ltd., Kyoto, Japan) and 60 V
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Opti-MOS (IPA032N06N3 G, Infineon Technologies, Munich, Germany), respectively. The choice of
SiC devices for the primary (i.e., high voltage) side, as opposed to Si ones, is mainly motivated by the
following reasons and advantages:

� Possibility to use a MOSFET type transistor as opposed to an IGBT, which allows for faster
switching, removes the need for anti-parallel free-wheeling diode connection, and enables for
more symmetrical operation in the forward and reverse power flow directions;

� Higher switching frequency capability with contained impact on efficiency, enabling the
achievement of enhanced power density figures;

� Better temperature stability and higher temperature capability, which yield both more temperature
independent efficiency levels over the intended operational range and favor long term reliability;

� Smaller overall intrinsic capacitances, which allow to achieve tun-on ZVS operation down to
lower load values.

The gate drivers are bespoke designed, using non-symmetrical drive input voltage voltages for
the SiC transistors on the primary side of −4 to +20 V and −4 to +15 V for the low voltage Si MOSFETs
on the secondary side. Whereas a non-symmetrical drive voltage is a strict functional requirement of
SiC MOSFETs, the choice to also apply an unsymmetrical driving voltage for the secondary-side Si
transistors merely responds to cost containment targets, by enabling the design and production of a
single gate-drive circuit, which can be adapted for both transistor types simply by replacing two ICs
and one resistor in the circuit, with identical footprint. It should be noted moreover, that applying a
somewhat higher (i.e., closer to zero) off-state bias voltage to the Si MOSFETs also allows to achieve
faster switching transitions, with slightly reduced losses. Whereas the impact on overall efficiency is
contained, the electro-thermal stress reduction in the transistor is interesting. For reference, the gate
driver circuit schematic is shown in Figure 3. Insulation at gate-driver level is achieved by means of
opto-couplers and signal transmission between control board and power cell is by means of optical
fibers, ideal for avoiding electro-magnetic interference issues in reliability critical applications.

 

Figure 3. Schematic of gate driver circuit, featuring a unified design for both primary and secondary
side transistors.

The magnetics are the other core components of the converter: the transformer provides galvanic
isolation and voltage matching, the voltage across the series of its leakage inductance and the external
inductor determines the current waveform flowing through the circuit. Since the transformer turns-ratio
is relatively low, planar design of transformer and inductor are feasible and greatly interesting for
increasing power density and improve thermal management; the components, shown in Figure 4,
were custom designed and manufactured externally based on in-house specification. It is worth
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noting that the inductor could be realized as leakage inductance of the transformer, in the form of
integrated magnetics. However, since its value is a key parameter of the converter control and dynamic
characteristics, as well as of the ZVS load range, keeping the two components separate enables easier
design optimization and better transformer thermal management. The switching frequency was
chosen to be 100 kHz to start with and the transformer turns ratio was 19:2. After fixing the switching
frequency and the turn ratio values, the maximum power and ZVS load range depend on the series
inductor and the controllable phase-shift. Hence, an inductance value capable to satisfy the power
constraints needs to been selected.

 
(a) (b) 

Figure 4. Photograph of planar magnetic components: heat-sinked inductor, (a), and transformer, (b).

2.2. Control Design

The goal of the control strategy is to keep the DC bus voltage constant at the desired voltage
reference (28 V) in both forward and backward power flow, adjusting the phase-shift between the
primary and secondary bridge. Starting from the fundamental reduced model of the DAB converter
shown in Figure 5 along with the representative voltage and current waveforms illustrating basic
operation and control of the converter, a state-space-average (SSA) model of the system was developed.

(a) (b) 

Figure 5. Dual-active bridge (DAB) basic equivalent state-space average model (a), and characteristic
voltage and current waveforms illustrating the control principle (b).

The open loop dynamic characteristics of the converter are shown in Figure 6, in terms of its
Bode-plot gain and frequency Bode-plots. It is important to underline that the converter DC gain,
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bandwidth and phase-margin are load-dependent, an aspect which needs to be duly taken into account
when closing the loop.

Figure 6. Open-loop Bode-plots of gain and phase for the power converter cell.

The chosen control system block diagram is shown in Figure 7. It consists of DC bus voltage
control loop with a feed-forward current loop. The measured voltage VO is compared with the reference
voltage (28 V) and the error is fed through a PI controller to generate the desired phase-shift between
the primary and secondary voltage square-waves. A feed-forward phase-shift compensation is added
to make the system response faster. Based on the analytical model of the converter, the PI parameters
are chosen to obtain the desired bandwidth with a proper phase margin. The phase-shift Φ depends
non-linearly on load resistance RO as:

Φ =
1−
√

1− 8n f LcVo
ViRo

2
=

1−
√

1− 8n f LcIo
Vi

2
(2)

 

Figure 7. Converter control scheme with both a feedback and a feed-forward loop.
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Since the switching frequency and the inductance are known, the output current and the input
voltage are acquired by the sensors, it is possible to estimate the proper phase-shift during the working
operations and let the PI controller manage only the small variations. Simulation results for the
closed-loop response with the introduced control are summarized in Figure 8a, while in Figure 8b the
converter step response for different start-up power levels is reported. It is clear that load dependence
of the dynamics characteristics is significantly contained with the chosen approach.

 
(a) (b) 

Figure 8. Dynamic response characterization of the converter (simulation results): closed-loop Bode
plots (a) and system step response at different power levels (b).

The design phase also addressed EMI filtering on the 270 V side, ensuring compliance of standard
avionic requirements (e.g., MIL-STD-704F) with a standard and compact damped LC filter design.

2.3. Experimental Characterisation

Figure 9 shows the engineered TRL6 level DC-DC converter, including control platform and
flight-like enclosure, with details of connectors and wiring. Figure 10a shows some representative
voltage and current waveforms at about 50% load (600 W) and Figure 10b summarizes measured
efficiency data, still at 600 W, as a function of the input voltage in the range 230–290 V. Efficiency over
load in the forward and backward power flow direction is reported in Figure 11: as can be seen, in the
design and engineering of the converter, attention was taken to ensure high performance at relatively
low loads; such approach is dictated by the actual mission profile of the converter, which foresees
low-load operation as the most frequent condition, with the requirement to deliver the full power
capability limited only to very short time durations. Therefore, it is very important to consider energy
(as opposed to power) efficiency; that is, the integral over time of the power losses at the various load
conditions to maximize overall aircraft efficiency. Moreover, it should be noted that due to the intended
parallel operation of the converters, more units can be made to work at an optimized efficiency level
even when the full capability of one single converter is not exhausted: for instance, if the total power
demand is 900 W, it is more efficient to run tow cells in parallel than a single cell. The above represent
a novel approach to design efficient power conversion systems, which will become increasingly
important as the electrification level increases. It is also worth noting here, that bi-directional operation
is mainly requested for enabling the possibility to use batteries connected on the lower-voltage side to
be used as power source during some abnormal operational regimes or to implement regenerative
energy storage functionalities. Therefore, the forward power transfer direction is still to be regarded as
the primary one for the characterization for the converter.
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(a) (b) (c) 

Figure 9. Photographs of developed hardware: single DC-DC converter cell (a); view of cased converter
and control board, with details of wiring, and connectors (b); external view of cased unit (c).

 
(a) 

 
(b) 

Figure 10. In (a), transformer primary and secondary voltage waveforms (top) and series inductor
current (bottom); in (b), efficiency and detail of average voltage and current values.
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Figure 11. Measured converter efficiency in the forward and backward power transfer mode.

It should be noted that, although some ringing due to parasitic inductance is visible on the
secondary side voltage waveform, no snubbers were eventually used in the converter implementation
due to the Si MOSFETs being fully avalanche rated by design and not giving signs of any degradation
over extended test periods for the parasitic energies involved in the switching transitions here. Indeed,
the transistors are never driven into avalanche up to full load.

Some examples of closed-loop dynamic response are reported in Figure 12. Tests on the prototype
confirmed the anticipated benefits of the chosen control approach, with consistent performance for both
directions of power flow: the presence of the additional feed-forward loop is profitable and enables the
converter to promptly manage large and rapid changes of power demand without unacceptable rising
or falling of the voltage on the 28 V bus.

 
(a) (b) 

Figure 12. Scope snapshots of output voltage variation in the presence of abrupt and large step
changes in the load (±5 A in (a) and ±15 A in (b)), without (top) and with (bottom) feed-forward
loop, respectively.

3. Converter Paralleling for Power Scalability

To ensure a modular system architecture, with all its associated benefits, the parallel operation of
more converters was further considered. The basic straightforward parallel connection of two converter
units directly linked to the load is illustrated with the help of Figure 13. Due to its current source
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dynamic characteristics, paralleling of DAB converters is relatively straightforward and bi-directional
converter (BDC) units are theoretically capable of working together without any additional control [9].
However, as soon as an unbalance arises, there is no way to equally split the power among the two
modules without control. That is clearly shown in the results of Figure 14a,b. Moreover, a potential
drawback is related to the bi-directional nature of the DAB converter: an issue could arise if the balance
is established with one converter that works in regenerative configuration, as per experimental results
of Figure 14c,d. In such a worst-case scenario, the paralleling of two units is not only pointless but
even potentially destructive. For those reasons, a technique is needed for proper interconnections of
BDC units.

 
(a) (b) 

Figure 13. (a) Parallel connection of 2 BDCs; (b) controlled current source equivalent model.

 

Figure 14. Parallel connection of BDC units without additional control: balanced, (a), and unbalanced,
(b) conditions in simulation; balanced (c) and unbalanced (d) conditions in experimental tests.

Therefore, in this configuration, the aim of the control was still to regulate the load voltage,
but also to ensure proper sharing of power delivery between the two modules. The corresponding
equivalent control scheme in this case is illustrated in Figure 15. The methodology employed here
consists in decoupling the control loops: one converter, acting as the master unit, ensures control of
the output voltage to a constant value with the modality described in the previous section; the other,
acting as a slave unit, is in charge of power sharing and operates in current control mode. The output
current of each converter is sensed and the information is shared via a dedicated communication bus.
The voltage controller in the salve unit is disabled and the master output current is fed-back as the
set-point of the slave feedback-loop to determine the phase-shift. The feed-forward loop can also be
added with a similar approach for both modules.
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Figure 15. Structure of closed-loop system for parallel operation with current compensator.

Figure 16 shows the results obtained on the lab-prototypes for different power requests, after the
implementation of this method. The tests confirm that the management of the energy is realized in
good agreement with simulations and the output voltage is well regulated. The main advantage
of the proposed solution is the fully controllable load sharing, which can be achieved with great
accuracy in a simple and straightforward manner; the main limitation to its deployment is the need
to exchange information between converters, which can become problematic in the case of multiple
parallel modules if fast dynamic response is required. Loss of the communication-link or failure of the
master unit would result in system shut-down.

 

Figure 16. Experimental results under varying loads when using the current sharing parallel method.

Droop control is also a well-known practice used in power systems to share power among
different generators. This concept has been recently proposed for other kinds of applications,
such as speed control for integrated modular motor drives or modular DC/DC converter for smart
transformers [10,11]. In this case, the droop control, illustrated in Figure 15, could be a suitable solution
to enable parallel connection and to allow power sharing among the DABs; moreover, it does not
require any communications between the BDC modules. The concept is to add a virtual resistor (Kdroop)
into the feedback loop, which drops the internal voltage set-point (VO,ref) as a linear function of the
output current (Io)

Vo,re f = V∗o,re f −Kdroop·Io (3)

Through this strategy, each converter exhibits a self-balancing characteristic, so it is not necessary
for the single unit to be aware of the other elements in the system. The undesired effect of a steady-state
error on the regulated voltage could be reduced or completely removed by another PI regulator, as also
depicted in Figure 17.
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Figure 17. Block diagram illustration of the voltage-droop control with reference compensation protocol.

The results in Figure 18 show each converter working independently with the proposed voltage
droop method, which intrinsically equalizes the power flow between the two BDC units connected in
parallel to a resistive load. As the ratio of the droop coefficients is directly related to the amount of
current flowing in each module, an asymmetrical power distribution is also possible simply adopting
different virtual resistors for the single units (Figure 18b,c). In the system under analysis, the outer
loop cut-off frequency was around one-third that of the inner loop.

Figure 18. Parallel operation with droop control: converters working independently (a) and details of
current unbalance between the two in the steady-state (b) and transient (c) regimes.

4. Conclusions

This paper has presented the design and development of a solution for implementing power-scalable
bi-directional DC-DC conversion in future aircraft power networks [12,13]. The solution is based on
the use of a dual-active bridge topology, which can easily be extended to multiple ports versions
when the need to interface additional elements, such as batteries for storage, emerges [6,14]. In
addition, the topology is suitable for the use of novel semiconductor technologies on the high-voltage
side; in particular, silicon carbide (SiC) MOSFETs can yield important gains in switching frequency
capability and converter performance optimization in terms of efficiency and thermal management
requirements [14,15]. In the future, the possibility to develop bespoke modules will enhance the
potential for disruptive progress in the integration level that can be realistically achieved [16].
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Abstract: In this paper, a procedure to simulate an electronic power converter for control design and
optimization purposes is proposed. For the addressed application, the converter uses SiC-MOSFET
technology in bidirectional battery chargers composed of two power stages. The first stage consists of
a single-phase AC/DC power factor correction synchronous rectifier. The following stage is a DC/DC
dual active bridge. The converter has been modulated using a phase-shift technique which is able
to manage bidirectional power flows. The development of a model-based simulation approach is
essential to simplify the different design phases. Moreover, it is also important for the final validation
of the control algorithm. A suitable tool consisting of a system-level simulation environment has
been adopted. The tool is based on a block diagram design method accomplished using the Simulink
toolbox in MATLAB™.

Keywords: automotive; battery charger; circuit modelling; power electronics; SiC MOSFET

1. Introduction

Powertrain electrification of electric vehicles (EVs) and plug-in hybrid vehicles (PHVs) has gained
the attention of governments, media and the public as a possible alternative mode of supplying power
to transport vehicles due to its inherent efficiency advantages, e.g., less CO2 emissions, in comparison
with internal combustion engine vehicles [1,2]. EVs are key elements for the worldwide upgrade to
sustainable energy systems. On the one hand, they directly affect the transition to environmentally
friendly transportation. On the other, they are useful for compensating for the effects of dispersed
generation based on renewable energy resources [3]. In more detail, when the power available from
these generators surpasses the local load, it may be necessary to cut the exceeding power to avoid
misoperation conditions, or worse yet, service continuity reductions. This limitation in green energy
utilization can be overcome with EVs, since they involve an increment in the local load. Moreover,
they can be used as energy storage systems which are able to mitigate fluctuations in primary energy
resources and, more generally, are useful when coping with optimal power flow [4].

As a consequence of the diffusion of EVs and PHVs, an increasing number of connections to the
public electrical grid of smart on- and off- board battery chargers has occurred [5]. These components
are of fundamental importance for managing the energy flows between vehicles and the AC grid.
Recently, a new EV operating mode, called Vehicle to Grid (V2G), was proposed [6]. V2G enables
the use of the EVs as distributed large energy storage systems connected to the grid when parked [7].
The reward for providing ancillary services makes V2G economically convenient which, in turn,
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enables a wider diffusion of EVs, leading to environmental benefits [8]. On the other hand, the control
strategy must take battery degradation into account [9].

Several bidirectional battery chargers (BBCs) for V2G have been already treated in the literature
to investigate viable methods to achieve a compact, efficient and inexpensive solution. In [10,11],
two designs of single-phase on-board BBCs were proposed, aiming to show the feasibility of reactive
power support to the utility grid. In particular, [11] deals with the advantage of using wide band-gap
semiconductor devices at high frequencies to reduce the current ripple by implementing both hardware
and control solutions, similar to those adopted in converters for fuel cell power units [12]. In [13],
a simple and functional BBC topology for stationary application was introduced. This topology was
specifically designed to enhance the capabilities of a joint operation with an energy management
system exploiting a storage stage in a residential environment. A literature analysis highlighted the fact
that a key issue is to design and test a suitable control strategy. More specifically, the evaluation of the
modulation, as well as of some features (e.g., current ripple and load step response), requires proper
testing of the control strategy in dynamic conditions on small-time scales. On the other hand,
appropriate long-timescale tests to evaluate the energy management capabilities of BBCs must be also
be performed. In some works [10–14], the development of a feasible converter model was needed to
fulfil the specifications through a proper system design, optimizing the structure of the control strategy
as well as the correct setting of the parameters for the controllers.

As in many physical system designs, the use of advanced computer-aided design (CAD) systems
is important at different project stages [15]. At the beginning, they enable component sizing verification;
subsequently, they are useful for offline control validation with uP-based simulators [16], where they
are very helpful when applying a user-friendly GUI based simulation interface [17]. Other solutions
which are increasingly being adopted in the industry are powerful real-time emulation systems based
on FPGA, that are widely used both in power converters [18] and electrical drives applications [19,20],
and are particularly useful for the study and testing of dangerous situations, such as systems faults [21].

In this framework, a proper design using an advanced simulator model is proposed in this
paper. It enables the evaluation of the feasibility and the performance of the converter using CAD.
This approach makes it possible to validate the operation of the BBC in both V2G and Grid to Vehicle
(G2V) operating modes. The main contribution of this paper is to propose a tool with which to optimize
the BBC design before constructing the converter prototype. Additionally, the model of SiC MOSFET
power devices was integrated to exploit their advantages in BBCs. Indeed, such an approach can useful
for the optimal design of other converters in automotive applications. Finally, a mock-up was realized
and tested, obtaining valuable results. In detail, the converter investigated was a 5-kW, single-phase
BBC with two conversion stages: an active front end (AFE) PWM rectifier and a cascade-connected
dual active bridge (DAB) with high-frequency isolation. Such an architecture was adopted for its
bidirectional power flow, galvanic isolation, high efficiency in a wide operating range and reduced size
and weight. The last features are due to the high switching frequency reached thanks to the use of SiC
MOSFET power devices [22]. Every apparatus connected to the grid has to meet the power quality
standards; therefore, the converter first stage also included power factor correction (PFC) capability.
Figure 1 shows a flowchart of the overall tool.

Figure 1. Overall picture of the evaluation tool.
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2. Modelling the Bidirectional Battery Charger

For the application of a single-phase BBC, the proposed converter consists of two stages exploiting
three H-bridges with modularity in the power board arrangement. Power devices with the same
voltage breakdown should be used since the input and output voltage levels are similar. In this case,
the three H-bridges can be identical, thus simplifying the converter design for the proposed converter
that exploits identical SiC devices. As shown in Figure 2, the first stage is an AFE connected to the grid
through an LCL filter which is useful to ensure both the power quality and the control of the power
exchanged with the grid, while the second stage consists of a DAB converter.

The control strategy of the AC/DC converter is composed of a hierarchic control. On the one hand,
it regulates the bidirectional power exchange with the grid. On the other, it shapes the current in a
sinusoidal waveform. Hence, it consists of an inner loop current control in continuous conduction
mode (CCM). The control is implemented on the dq rotating reference frame and is synchronous
with the grid voltage. There is an outer loop to maintain constant the DC voltage, VDC, using linear
regulators, i.e., standard industrial proportional-integral (PI) control. As usual, the DAB is modulated
in phase-shift. In this way, the control algorithm sets a suitable phase-shift for application between the
switching signals of the two active bridges while maintaining the duty cycle of every switching pattern
at 50%. Such a strategy makes it possible to achieve zero voltage switching (ZVS) upon turning on all
of the DAB power switches, thereby increasing the converter efficiency. The phase-shift value sets the
energy flow: in G2V mode, the energy flows towards the battery, while in V2G mode, the energy flow
is directed from the battery to the AC grid.

i Cf

Llk
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T TT

T T Outi

V
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V V V
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Figure 2. Converter topology. The first stage is the Active Front-End Rectifier; the second stage is the
Dual Active Bridge.

2.1. Active Front-End Rectifier

The AFE, or synchronous rectifier, is connected via a filter to the utility grid where it performs
AC/DC conversion and PFC [23,24]. Figure 3 shows the circuit test-bench emulator implementation
using the Simulink Simscape Electrical Toolbox, a typical AFE control strategy based on the voltage
oriented control algorithm. Park transformation is considered to obtain the best performance, e.g., zero
error in steady-state and high control dynamics [25].

Park transformation is used to convert the two-phase stationary frame (α–β*) (1) into the two-phase
rotating frame (d–q) which is synchronous with the grid voltage phase θ (2). The two-phase voltages
in reference to the dq reference frame are converted in stationary quantities α–β using the inverse
matrix of the reference frame transformation [26]:⎧⎪⎪⎨⎪⎪⎩ L diα

dt + Riα = Vtα −Vsα

L
diβ
dt + Riβ = Vtβ −Vsβ

(1)

⎧⎪⎪⎪⎪⎨⎪⎪⎪⎪⎩
L did

dt + Rid −ω(t)Liq = Vtd −Vsd

L
diq
dt + Riq +ω(t)Lid = Vtq −Vsq

dρ
dt = ω(t)

(2)

161



Energies 2020, 13, 6733

Figure 3. AC Stage—Implementation of the Active Rectifier in Simscape electrical Simulink.

The terms id, iq and ρ are state variables, while Vtd, Vtq and ω(t) are control variables. In particular,
ω represents the control variable referring to the synchronous reference frame.

This model shows the nonlinearities related with the terms ω(t)Lid and the sinusoidal components
of the AC system: Vsd = V̂Scos(ω0t + θ0 − ρ), Vsq = V̂Ssin(ω0t + θ0 − ρ).

Using this modelling approach, the purpose of the control is the cancellation of the sinusoidal
terms; a phase locked loop “PLL” algorithm is used for this purpose. Applying the AC voltage as the
input, the PLL output is ρ(t) = ω0t + θ0, and Equation (2) turns to Equation (3), which contains only
DC quantities in steady-state. ⎧⎪⎪⎪⎪⎨⎪⎪⎪⎪⎩

L
did
dt

= ω0Liq −Rid + Vtd − V̂S

L
diq
dt

= −ω0Lid −Riq + Vtq

(3)

PS(t) =
3
2

[
Vsd(t)id(t) + Vsq(t)iq(t)

]
QS(t) =

3
2

[
−Vsd(t)iq(t) + Vsq(t)id(t)

] (4)

PS(t) =
3
2
[Vsd(t)id(t)]

QS(t) = −3
2

[
Vsd(t)iq(t)

] (5)

In V2G applications, the goal is to suitably manage the flow of active and reactive powers,
according to Equation (4). By estimating the phase angle of the AC system through the PLL and
imposing Vsq = 0, it follows that it is possible to rewrite the power relationships given in Equation (4)
according to Equation (5), where the coupling terms have been cancelled.

Since in dq-axis, the component Vsd is constant, from Equation (5), it is evident that it is possible
to obtain the power control PQre f = PQ f eed through the direct control of the current idq re f = idq f eed.

Finally, considering the general model, Equation (6), the command variables are obtained from
the dq current control, Equation (7).

L
did
dt

= ω0Liq −Rid + Vtd −Vsd

L
diq
dt

= −ω0Lid −Riq + Vtq −Vsq

(6)

Vtd = ud −ω0Liq + Vsd

Vtq = uq +ω0Lid + Vsq

(7)
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Simple and robust PI current regulators can be used to track references since the dq-axis signals in
steady-state are constants (Equation (8)). The result is the controlled model given by Equations (9)
and (10), as shown in Figure 4.

ud =

(
kp +

ki
s

)(
idre f

− id f eed

)
uq =

(
kp +

ki
s

)(
iqre f − iq f eed

) (8)

⎧⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎩
Vtd =

(
kp +

ki
s

)(
idre f

− id f eed

)
−ω0Liq + Vsd

Vtq =

(
kp +

ki
s

)(
iqre f − iq f eed

)
+ω0Liq + Vsq

(9)

⎧⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎩
L

did
dt

+ Rid −ωLiq =
(
kp +

ki
s

)
×
(
i∗d − id

)
−ωLiq

L
diq
dt

+ Riq +ωLid =

(
kp +

ki
s

)
×
(
i∗q − iq

)
+ωLiq

(10)

Figure 4. Current control diagram. idqre f
current references, edq current errors, vdq compensator terms,

Ddq decoupling terms, Vtdq control voltages, mdq modulation index.

2.2. Dual Active Bridge

The DAB is the DC/DC isolated bidirectional converter of the BBC (Figure 5). The DAB topology
was chosen because of its high efficiency in a wide operating range [27]. It features a symmetrical
structure, characterized by two full bridges connected via a high-frequency transformer which also
provides galvanic isolation [28]. In Figure 6, a simplified equivalent circuit of the DAB converter is
shown. The model of the transformer consists of two elements: the leakage inductor and an ideal
transformer that models the voltage ratio. In Figure 7, a simplified circuit where the transformer has
been represented on the secondary side to obtain a simple equivalent circuit is shown. The operating
states of the converter switches are described in Equation (11).
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vDAB1(t) =

⎧⎪⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎪⎩
+V1 I T5, T8 on & T6, T7 o f f

0
II
III

T5, T7 on & T6, T8 o f f
T5, T7 o f f & T6, T8 on

−V1 IV T6, T7 on & T5, T8 o f f

vDAB2(t) =

⎧⎪⎪⎪⎪⎪⎪⎨⎪⎪⎪⎪⎪⎪⎩
+V2 I T9, T12 on & T10, T11 o f f

0
II
III

T9, T11 on & T10, T12 o f f
T9, T11 o f f & T10, T12 on

−V2 IV T10, T11 on & T9, T12 o f f

(11)
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Figure 5. DC/DC stage Dual Active Bridge.
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Figure 7. DAB equivalent circuit W/O transformer.

The H-Bridge on the left produces a square-wave voltage with a 50% of duty cycle on the primary
side of the transformer. The right-side H-Bridge performs the AC to DC conversion and implements the
current control loop used to shape the current charging profile of the battery. The leakage inductance,
Llk, plays a key role in the performance of the power conversion. Among the various modulation
strategies suggested in the literature, single phase-shift modulation was used to control the power
exchange between the BBC and the main grid.

The phase-shift (φ) is positive when the power flows from the grid to the battery and negative
when the it flows in the opposite direction. The relation between the phase-shift and the delivered
power is given by Equation (12):

P = PDAB1 = PDAB2 =
nV1V2φ

(
π−
∣∣∣φ∣∣∣)

2π2 fsLlk
, −π < φ < π (12)

164



Energies 2020, 13, 6733

where −180◦ < φ < 180◦, V1 and V2 are the input and output voltages of the DAB (Figure 8); n is the
transformer turn ratio; fs is the switching frequency and Llk is the leakage inductance when considering
a lossless DAB model.

P > 0 denotes a power transfer from DAB1 to DAB2 and P < 0 denotes a power transfer from
DAB1 to DAB2. The power transfer as a function of the phase-shift is depicted in Figure 8. The related
absolute presents two maxima at two different phase-shift angles. The maximum power occurs for
∂P/∂φ = 0 is:

P|Pmax| = n V1 V2

8 fs Llk
, φ = ±π

2
(13)

Hence, for a specific active power P, the phase-shift φ that must be imposed between the
input-output voltages is:

φ =
π
2

⎡⎢⎢⎢⎢⎢⎢⎣1−
√

1− 8 fsL|P|
nV1V2

⎤⎥⎥⎥⎥⎥⎥⎦sgn(P) (14)

Figure 8. Power transfer vs. Phase-shift.

2.3. High-Frequency Transformer

The high-frequency transformer is responsible for the power transfer and permits to obtain the
galvanic isolation [29]. Different core geometries and materials are widespread and the selection of the
most appropriate solution mainly depends on the specific application. It is well known that the use of
high switching frequency reduces the core size for a given power, while using suitable ferrite materials
effectively eliminates eddy currents losses.

The design method is based on the “core geometry method” [30,31].

2.4. Matlab—Simulink Implementation

The model of the BBC and the model of its control were implemented in Matlab-Simulink to
simulate the BBC behavior and to evaluate its performance considering different working conditions.
The converter model included parasitic elements that affect each power conversion stage. The MOSFETs
parameters were considered, as well as the dead-time set in the driving circuit. The closed-loop control
block diagram for the AC/DC PFC converter is shown in Figure 9.

Using the Park’s transformation, the regulation was implemented using the id and iq current
components to control, respectively, the active and reactive power. This control structure makes it
possible to regulate both the DC voltage value and the PF. During G2V mode, the AFE with the PF
correction works as an AC to DC converter, and charges the battery while maintaining constant the DC
voltage and unitary the PF.
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Figure 9. AFE PFC closed-loop control block diagram.

In V2G mode, the battery is discharged and the bridge acts in inverter mode (DC/AC). The control
strategy consists of maintaining constant the voltage value on the bus-dc and managing the PF to
compensate the amount of reactive power required by the grid. The control loop block diagram for the
DAB is shown in Figure 10.

Figure 10. Phase-shift control loop block diagram.

3. Simulation and Validation of the Model of Bidirectional SiC-Based Battery Chargers

A bipolar PWM was implemented with a switching frequency f s = 100 kHz. The switching
frequency was selected as the best compromise between efficiency and high power density due to the
reduction of the passives composing the AC grid filter and the DC bus link. The modulating signal
was evaluated by the voltage grid angle implementing a grid synchronization algorithm setting a unity
Power Factor (PF) in G2V or a stable grid synchronization in V2G. The gate signals used to control the
SiC MOSFETs were set by the current control loop.

The technical specification of the filter parameters, DC bus link and grid operating conditions
considered in the following analysis are listed in Table 1. The design specifications of the DAB of the
proposed BBC are listed in Table 2.
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Table 1. Technical specification of the AFE parameters.

Parameter Value

RMS voltage grid 230 V
Grid frequency fe 50 Hz
Ls 1.5 μH
Filter parameter Cac 10 μF
Filter parameter Lc 325 μH
Cdc 400 μF
Switching frequency fs 100 kHz

Table 2. DAB design specifications.

Parameter Value

Nominal input Voltage Vdc 400 V
Nominal output voltage Vo 400 V
Minimal output voltage Vo,min 150 V
Output Power 5 kW
Duty Cycle 0.5
Switching frequency 100 kHz

For this bidirectional converter, the EE core geometry was chosen with N87 material grade.
This choice was related to the high switching frequency (fs = 100 kHz) and high-power density of the
transformer, whose characteristics are listed in Table 3. An increment in the switching frequency enabled
a reduction of passive component size and weight but at the cost of greater switching power losses
that, in turn, involve reduced efficiency. Therefore, the adopted frequency was the best compromise
for such an application.

Table 3. Technical specification of the transformer parameters.

Parameter Value

Nominal Input Voltage 400 V
Maximum Input Voltage 480 V
Minimum Input Voltage 360 V
Input current 22 A
Nominal output voltage 400 V
Output Current 17.5 A
Regulation α 0.15%
Max operating flux density Bm 0.16 T
Maximum temperature rise Tr 70 ◦C

A prototype of the converter was designed and realized using components made by
STMicroelectronics to validate the proposed tool by testing the performance and efficiency of the BBC
designed using the proposed modelling approach. The power devices are SiC MOSFETs SCT50N120
(Table 4).

Table 4. Power device description: SiC MOSFET SCT50N120.

Symbol Parameter Value

VDS Maximum drain-source voltage 1200 V
Id Drain current (continuous) at TC = 25 ◦C 65 A

RDS (on) Static drain-source on-resistance at 150 ◦C 59 mΩ
Tj Max Operating junction temperature in HiP247™ 200 ◦C

A mixed-signal MCUs STM32G474 was used to generate the phase-shift control signal and to
manage the dead-time in each power converter leg exploiting the High-Resolution Timer (HRTIM) with
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184 ps resolution. The digital control signals were conditioned and applied to the power switches using
high-performance gate drivers STGAP2S, a galvanically isolated 4 A single gate drivers. This made it
possible to achieve more compact and robust solutions for the entire experimental system.

The modular prototype and the test-bench are shown in Figures 11 and 12.

 

Figure 11. A prototype of the bidirectional battery charger.

 

Figure 12. Prototype test-bench.

The power required from the AFE acts on the phase-shift; by varying this reference, it is possible
to reverse the power flow. Some simulated and measured waveforms obtained during the G2V mode
are shown below. In Figure 13, the simulated first stage waveforms that are the grid voltage vac and
current iac with unitary PF, and the ripple of the DC voltage are shown. The total harmonic distortion
for the AC current was close to 7%, which is in accordance with the value measured (less than 10%)
using the prototype.
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Figure 13. Voltage and current of the AC grid and ripple on the DC side.

The voltage and current on the primary side of the transformer are shown in Figure 14.
The simulated waveforms were in good agreement with the measured ones. The main difference was
the lack of oscillations in the simulated voltage. These oscillations were due to the coupling between the
parasitic capacitance of the devices and the parasitic inductances in the power loop that were neglected
in the model. The current waveform depends on the phase-shift between the two transformer-ends
voltages. The secondary side quantities were pretty similar, as a turn ratio n equal to one was chosen.
The leakage inductance, Llk, affected the power delivered in the DAB converter. Therefore, the voltage
vL waveform was strictly related to the power direction. The DC output waveforms are shown in
Figure 15, where the ripple of the voltage Vo and current Io are highlighted.

Figure 14. Cont.
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(b) 

Figure 14. Voltage on both sides of the transformer, voltage and current of the inductance. (a) Simulated
waveforms; (b) measured waveforms.

Figure 15. Ripple on the DC output Voltage and Current.

In V2G mode, the power flows from the battery to the grid to satisfy the power demand. In this case,
the reference power is modified and acts on the phase-shift value as described above. The transition
from G2V to V2G mode at the instant t* requires current inversion, as illustrated in Figure 16. In this
case, the PF has been maintained, meaning that no reactive power was requested by the converter
thanks to the proper control. The main simulation results are summarized in Table 5, while in Figure 17,
the efficiency of the whole converter is shown.

Table 5. V2G operation—Simulation quantities and results.

Parameter Value

RMS grid voltage Vs 230 V
RMS grid current Is 22.6 A

Average Bus DC Voltage Vdc 403 V
Average output voltage Vo 397 V
Average output current Io 12.4 A
Input Apparent Power S 5200 VA
Input Active Power Pac 5200 W

Bus DC Power Pdc 5030 W
Output Power Po 4910 W

Power Factor 0.999
Displacement Power Factor 1
Total Harmonic Distortion 7%
AFE efficiency η = PDC/Pac 96.7%
DAB efficiency η = Po/PDC 97.6%

Power Efficiency ηp = Po/Pac 94.42%
Conversion Factor ηc = Po/S 94.26%
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vac [V] iac [A]

Time [s]  
Figure 16. AC voltage and current from G2V to V2G mode.

(a) 

 
(b) 

Figure 17. Efficiency vs. (a) power output and vs. (b) phase shift.

Some other comparisons are reported in Figure 18, confirming the consistency of the proposed
modelling approach.
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Figure 18. DAB: voltage and current waveforms. (a) Simulated (b) Measured.

4. Conclusions

This paper dealt with SiC MOSFET-based BBC with galvanic isolation. A promising topology was
studied as the best choice in terms of efficiency, bidirectional power flow management and complexity.
The development of an accurate tool accounting for the model of the converter in computer simulator
and which was able to exploit FPGA was proposed. It has been shown that this is a suitable approach to
design and test the performance of the complex control algorithm, both in G2V with PFC capability and
V2G operation modes. The control strategy of the AC/DC converter is composed of a cascade control.
One is able to regulate the power flow with the grid, while control of the DC/DC stage consists of the
management of the battery charge/discharge. The design and the proposed approach were validated
by comparing the simulation results with some experimental tests, confirming the consistency of the
proposed method.
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Nomenclature

AFE Active Front End
BBC Bidirectional Battery Charger
CCM Continuous Conduction Mode
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DAB Dual Active Bridge
EV Electric Vehicle
FPGA Field Programmable Gate Array
GUI Graphical user interface
HRTIM High-Resolution Timer
PF Power Factor
PFC Power Factor Correction
PHV Plug-in Hybrid Vehicle
PLL Phase Locked Loop
SiC Silicon Carbide
V2G Vehicle to Grid
ZVS Zero Voltage Switching
Cac LCL filter capacitor
Cdc capacitor between the AFE and the DAB
Cf output capacitor
LC, LS LCL filter inductors
Llk transformer leakage inductor
iα, iβ two-phase stationary currents
id, iq two-phase rotating currents
iAC line current drawn by the converter
iLlk current flowing through the transformer leakage inductor
iout output current
vout output voltage
v1 DC/DC input voltage
v2 DC/DC output voltage
vtα, vtβ two-phase stationary converter voltages
vtd, vtq two-phase rotating converter voltages
vsα, vsβ two-phase stationary AC main voltages
vsd, vsq two-phase rotating AC main voltages
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