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Surfaces of solid bodies contain characteristic features, affecting the functional proper-
ties of machine elements. Surface topography restricts the contact area to a very small ratio
of the nominal area [1]. It is a link between manufacturing and function. In some cases,
the effect of surface topography on functional properties can be large. The effect of surface
topography on contact (stiffness, conductivity, adhesive properties) is very high, followed
by friction, lubrication, wear and fatigue. Loss due to wear and corrosion generates high
costs. They can be reduced by surface engineering. The proper creation of surface topogra-
phy may cause a decrease in friction and wear [2,3]. The frictional properties of machined
elements can be improved by surface texturing [4–6]. Coatings make the surface life robust
from wear [3,5–11] and corrosion [7–9]. The resistance to motion can be improved by
change of the oil [12].

The aim of this Special Issue was to collect high-quality research papers, short commu-
nications, and review articles that focus on the tribological behavior of functional surfaces.

In [1], the methodology of prediction of the statistics of contact pressure from rough-
ness analysis was proposed. It was applied to modeled fractal surfaces but could be also
used to measure textures.

The effect of the disc surface topography after vapor blasting on tribological properties
of a disc–ball assembly under dry friction conditions was studied experimentally [2]. This
effect was shown to be substantial. Especially the shape of the ordinate distribution affected
volumetric wear.

The Ti-6Al-4V alloy is widely applied for orthopedic implants. Its tribological prop-
erties can be improved by various engineering techniques, with PEO (plasma electrolytic
oxidation) being one of them. The authors of [3] studied the effect of process parameters
and surface finishing of the PEO-treated Ti-6Al-4V alloy using different process parame-
ters on dry sliding behavior. Surface finishing by abrasive blasting with spheroidal glass
beads led to a reduction in surface roughness height and to higher wear resistance and
less friction.

The aim of [4] was to find the effect of the groove bottom profiles on the reduction of
the friction force in lubricated sliding. Surface texturing led to a reduction in the friction
force up to 55% compared to the untextured sample.

Surface texturing can be combined with coating. The authors of [5] found that the
laser-textured surface combined with carbon coating (textured + coating) led to low wear
and friction under lubricated conditions, in comparison to untextured, textured, and
carbon-coated surfaces.

The authors of [6] studied experimentally and numerically the effects of DLC coating
and surface texturing on friction reduction in the TEHL cam/tappet-contact. It was found
that DLC coating led to a reduction in the solid and fluid friction force in a wide range
of lubrication regimes. Texturing could reduce solid friction, increasing the fraction of
fluid friction.

Epoxy–PTFE composite coatings are characterized by good functional properties such
as a low friction coefficient and anticorrosion ability. However, due to small hardness
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they have a low wear resistance. The tribological properties and corrosion resistance of
epoxy–PTFE composite coating were improved by nanoparticle modification [7].

There is a risk of tribocorrosion for sliding pairs operating in a seawater environment.
In order to overcome this problem, elements with high hardness can be used. It was found
that the Cr/CrN PVD coating on AISI 1045 steel led to better tribocorrosion resistance than
the gas nitrided with subsequent oxidation and impregnation coating [8].

Fe-based amorphous coatings obtained by supersonic plasma spraying and laser
cladding exhibit excellent functional properties due to high hardness as well as high wear
and corrosion resistance. The tribological and anti-corrosion behavior of these coatings on
45 steels were compared. Fe-based amorphous coating prepared by laser cladding led to
better properties than plasma-sprayed coatings [9].

Manufacturers of turbomachines try to improve the engine performance. This can be
achieved through the reduction of clearances between the rotor and the stator. However,
due to it, a contact between these elements is possible. To reduce the severity of this contact,
an abradable coating can be deposited along the stator circumference. The analysis of
rotor/stator interactions considering the rotor angular speed and the initial clearances was
performed in [10].

Among the coating methods, detonation spraying has a merit over other spraying
methods due to lower operating temperatures and the high speed of particle flight. It was
found that the properties of detonation coatings depended on the technological parameters
of the spraying process. The best detonation coatings were characterized by small wear
and high adhesive strength [11].

Ionic liquids can be used as new base oils or additives. Especially, cyano-based ionic
liquids led to low friction. In [12], the lubricating properties of cyano-based ionic liquids
against a tetrahedral amorphous carbon film were studied in reciprocating conditions.
They were affected by the anion structure and ambient temperature. Low friction was
achieved at 170 ◦C.
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Abstract: Plasma Electrolytic Oxidation (PEO) layers were produced on Ti-6Al-4V in different
conditions, so as to assess the influence of layer structure, current mode, duty cycle and surface
finishing on microstructural features and tribological behaviour. In DC regime, the double-layer
structure (silicate bath followed by phosphate bath) beneficially affected wear resistance. In unipolar
pulsed DC (phosphate bath), the wear resistance of single layers improved with increasing duty
cycle, due to improved microstructure and adhesion: high duty cycle single layers can be considered
an alternative to double-layer deposition. Surface finishing by abrasive blasting with spheroidal
glass beads leads to surface roughness decrease and hence to decreased friction and improved
wear resistance. The best-performing PEO layers showed promising results in the comparison with
reference materials such as CoCrMo (both uncoated and (Ti,Nb)N PVD-coated) and PVD-coated
Ti-6Al-4V up to 30 N normal load.

Keywords: Plasma Electrolytic Oxidation (PEO); Ti-6Al-4V; friction; wear

1. Introduction

The Ti-6Al-4V alloy is widely used for orthopaedic implants due to its lower elasticity modulus,
superior specific strength (strength/density), biocompatibility and enhanced corrosion resistance
compared to stainless steels and Co-based alloys. In fact, Chen et al. [1] stated that, among all
metallic biomaterials, Ti alloys are the only system which can bond with bone, demonstrating intimate
integration with host bone tissue. Conversely, Jarcho et al. [2] observed that bioinert devices such
as Co-based implants may induce foreign body responses which contribute to the loosening of
permanent implants. Therefore, even though Ti-6Al-4V shows low abrasion resistance and undergoes
severe adhesive wear, it provides an important alternative to Co-based alloys: Chen and Thouas [1]
demonstrated that Co-based alloys are affected by other limitations due to adverse stress shielding
effects as well as to toxic metal ions release. From a metal toxicity point of view, also alloying elements
such as Al and V in Ti-6Al-4V may be associated to long term health problems and newly developed,

Coatings 2019, 9 , 614 ; doi:10.3390/coatings9100614 www.mdpi.com/journal/coatings5
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Al- and V-free alloys were proposed for the biomedical field (e.g., Ti-13Nb-13Zr) [3], however Ti-6Al-4V
still covers a large number of applications, considering also non-permanent components such as
intramedullary nails and screws.

In order to compensate for possible metal release and, most of all, for the unsatisfactory tribological
behaviour of Ti-6Al-4V in implantable biomedical devices, Huang et al. [3] proposed several surface
engineering techniques: oxidation produced by either heat treatment or electrolytic anodizing is one of
the most popular but also the vapour-phase deposition of carbon-based films (DLC-type) and thermal
spraying of hydroxyapatite have been widely investigated. Among oxidation techniques, Plasma
Electrolytic Oxidation (PEO), sometimes also named Anodic Spark Deposition (ASD) or Micro-Arc
oxidation (MAO), is attracting a significant research and development interest, due to its ability to
enhance tribological substrate properties of light alloy and valve metals, forming an effective ion
release barrier. Moreover, PEO allows to integrate bioactive components in the growing layer: Durdu
et al. [4] demonstrated that it is possible to form hydroxyapatite, calcium apatite-based coatings and to
incorporate beneficial ions, such as Ca and P, that enhance the biocompatibility and bioactivity of the
surface. Studies by Li et al. [5] on the biological response of Ti implants showed that the PEO process
constitutes one of the most successful methods to modify implant surface.

Specifically, Plasma Electrolytic Oxidation (PEO) is based on the modification of the growing anodic
layer by spark arc micro-discharges initiated at potentials above its breakdown voltage. This allows the
production of thick and adherent coatings mostly consisting of oxides, containing elements from both
the metal substrate and the electrolyte solution [6]. The microstructure of PEO coatings is influenced by
several factors: (i) type and concentration of electrolyte, (ii) substrate composition and microstructure,
(iii) electrical parameters used during the oxidation treatment. PEO electrolytes are commonly alkaline,
containing species with pH values typically up to about 13 such as aluminates, phosphates and
silicates. PEO layer characteristics are also strongly influenced by polarization conditions such as
DC, DC-pulsed (unipolar or bipolar) and AC sources, with control of the current, voltage or power
supplied to the cell. The flexibility of electrical regimes allows discharges of intensity suitable to obtain
specific microstructures and morphologies. By adjustment of the duty cycle parameters such as pulse
duration, frequency and the applied current density, pulsed DC regime allows a better control over the
plasma discharge. The pulsed process, reducing the more intense and hence destructive discharge
regime, enables the creation of shorter and more energetic micro discharges, leading to more dense
coatings. Jiang and Wang [6] found that the use of pulsed DC mode improves homogeneity and
reduces the thickness of the porous outer layer (the so-called “technological layer”), resulting in a
higher microhardness and a lower coefficient of friction compared to DC regime.

The aim of this work, carried out in a semi-industrial environment, was to optimize the PEO
processing conditions for Ti-6Al-4V orthopaedic implants. In particular, PEO layers were produced
in different conditions, so as to assess the influence of (i) layer structure (single layer, obtained in
phosphate bath or double layer, obtained in silicate bath followed by phosphate bath), (ii) current
mode (DC or pulsed DC), (iii) duty cycle (in case of pulsed DC deposition) and (iv) surface finishing
(i.e., post-treatment by abrasive blasting) on the tribological behaviour. In fact, Shrestha and Dunn [7]
reported that a reduction of PEO surface roughness, in order to remove the typical brittle and porous
“technological layer” and to decrease the abrasive contribution to friction in sliding tests, is frequently
carried out by conventional laboratory polishing methods. Also, Chen et al. [8] showed that polishing
allowed a noticeable decrease of friction coefficient. Fei et al. [9] reported that, for PEO-treated Ti-6Al-4V
(silicate-based bath), the coefficient of friction of the polished PEO layer, dry sliding versus SAE52100
steel, was about 50% lower than that of the unpolished one. Wang et al. [10] brought further evidence
on the beneficial role of polishing in decreasing friction, both in dry and in solid-lubricated sliding
(with graphite top layer). Therefore, in this work, we included an industrial abrasive blasting procedure
in the process sequence (after PEO treatment), carried out in typical conditions for implantable metallic
components and investigated how abrasive blasting affects the main microstructural features of the
PEO layer, beyond the obvious surface roughness reduction. Hence this paper aims to bring further
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knowledge also regarding the influence of surface finishing, which plays a very important role in
biomedical applications but is seldom the subject of specific investigations.

Hence, this work reports on microstructural and tribological characterization (by dry sliding tests
against 100Cr6 (AISI 52100) bearing steel with a block-on-ring contact geometry), aimed to evaluate the
influence of the above described process conditions on PEO layer performance. As external references
for tribological tests, the following materials were considered: (i) uncoated Co-28Cr-6Mo; (ii) (Ti,Nb)N
coated Co-28Cr-6Mo; (iii) (Ti,Nb)N coated Ti-6Al-4V. These references were selected by considering
current alternatives for the PEO treatments, based either on the deposition of PVD layers such as
(Ti,Nb)N or on the use of a Co-based substrate (uncoated or PVD coated so as to hinder Ni leaching).
Thanks to the inclusion of these reference materials in the tribological testing campaign, it was possible
to rank the investigated PEO layers among other commercially available solutions: to our knowledge,
these data are not available in other papers on this subject.

2. Materials and Methods

2.1. Materials

The substrate for all PEO treatments carried out in this work was the Ti-6Al-4V alloy, supplied by
Titanium International Group SrL (Sala Bolognese (BO), Italy) in the form of heat treated extruded bars
(solution at 950 ◦C for 0.5 h, water-quenching, final aging at 515 ◦C for 8.5 h) with a microhardness of
389 ± 58 HK0.025 The surface roughness prior to PEO treatment was 0.20 ± 0.05 μm. The composition
of the bars (indicated in the supplier’s certificate) was—Al: 5.50–6.75; V: 3.5–4.5; Fe: 0–0.3; H: 0–0.15;
N: 0–0.05; O: 0–0.20; C: 0–0.08 (wt.%); Ti to balance.

2.2. PEO Treatment

The main treatment parameters used for the production of the investigated PEO layers are
summarised in Table 1.

Table 1. Treatment conditions for the production of PEO layers.

Layer(s)
Current
Mode

Current
Density

(mA cm−2)

Deposition
Time (s)

Duty
Cycle (%)

Post-Treatment

P phosphate DC 30 600 - abrasive
blasting

S silicate DC 70 600 - abrasive
blasting

PP phosphate Pulsed DC 30 600 60 abrasive
blasting

PM phosphate Pulsed DC 30 600 72 abrasive
blasting

PN phosphate Pulsed DC 30 600 80 abrasive
blasting

D5
internal: silicate

DC
70 300 - abrasive

blastingexternal: phosphate 70 300 -

DA
internal: silicate

Pulsed DC
30 600 25 abrasive

blastingexternal: phosphate 30 600 68

DB
internal: silicate

Pulsed DC
30 600 25

none
external: phosphate 30 600 68

All the PEO treatments were carried out in galvanostatic regime inside a water-cooled cell
(where electrolytes were kept at 5 ◦C), with Ti-6Al-4V samples as the anode and a grade 1 Ti mesh
as the cathode. Both phosphate-based and silicate-based aqueous solutions were used as electrolytic
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baths. The silicate-based solution (SiO2-related compounds 0.015–0.035 mol L−1, pH 11.8) displayed
a conductivity of 8.8 mS cm−1 at room temperature, whilst the phosphate-based solution (Na3PO4

0.05–0.20 mol L−1, pH 12.1) displayed a conductivity of 6.4 mS cm−1 at room temperature. For both
solutions, KOH was used for achieving the reported pH values.

Three main sets of PEO layers were produced: (i) single layers, DC mode (samples P and S,
obtained in phosphate and silicate baths respectively, for preliminary assessment of the influence of
abrasive blasting as well as of tribological behaviour); (ii) single layers, unipolar pulsed DC mode,
phosphate bath (samples PP, PM, PN, for the evaluation of the influence of duty cycle on coating
properties); (iii) double layers (obtained by firstly depositing the internal layer in a silicate bath, then
depositing the external layer in a phosphate bath, samples D5, DA and DB).

The layer sequence in double layers was defined on the basis of preliminary tribological testing on
PEO single layers obtained in DC mode (samples P and S). A comparison of tribological results from
samples P and S (loads to failure in dry sliding, Table 2) indicated that PEO single layers from silicate
baths behaved slightly better than those from phosphate baths (in agreement with data summarised by
Jiang and Wang [6]).

Table 2. Main features of the investigated PEO layers.

Title
Layer

(s)

Phase Composition, XRD
Surface

Roughness
Ra (μm)

Thickness
(μm)

Hardness
(HK0.025)

Lc3 (N)

Load to
Failure in

Dry Sliding
(N)

Anatase
(TiO2)

Rutile
(TiO2)

Aluminium
Phosphate

(AlPO4)

P single ++ + - 0.28 ± 0.06 12.8 ± 1.6 380 ± 26 12 ± 3 20

S single ++ + - 0.55 ± 0.04 15.2 ± 0.4 410 ± 35 14 ± 2 30

PP single ++ - + 0.34 ± 0.06 7.2 ± 0.8 400 ± 169 10 ± 6 30

PM single ++ - + 0.48 ± 0.02 6.5 ± 0.9 356 ± 170 15 ± 1 10

PN single ++ + + 0.48 ± 0.10 5.1 ± 1.1 390 ± 135 25 ± 1 40

D5 double ++ + ++ 0.68 ± 0.04 6.7 ± 1.0 467 ± 71 16 ± 2 40

DA double ++ + + 0.65 ± 0.02 5.4 ± 1.9 352 ± 126 21 ± 5 40

DB double + - + 0.98 ± 0.06 10.9 ± 7.2 290 ± 108 13 ± 1 10

-: not detectable; +: detected; ++: main phase.

Hence, silicate baths were deemed more appropriate for producing the internal layer in
double-layered structures. Moreover, the higher surface roughness imparted by the silicate bath (before
abrasive blasting, Ra was 3.2 μm for S versus 0.62 μm for P, as shown in Figure 1) was considered
advantageous for mechanical interlocking (and hence higher adhesion) of the external layer.

Conversely, samples PP, PM and PN (Table 1) have a single layer structure (obtained by treatment
in the same phosphate bath as for P and for the previously mentioned double layers) but for these
single layers the PEO treatment was always carried in pulsed DC mode. Phosphate baths were used
for single layers due to their ability to produce compact and smooth layers (particularly appreciated
for biomedical applications), as well as for their intrinsically higher corrosion resistance and bioactivity,
as reported by Jiang and Wang [6]. In the case of single layers from phosphate baths in pulsed DC,
the investigations aimed at improving their slightly less advantageous wear resistance by optimising
the treatment conditions (namely the duty cycle conditions for the pulsed DC bi-polar square waveform,
Table 1).
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Figure 1. Free surface morphology of PEO single layers obtained in phosphate (P) or silicate (S) bath
(DC mode), before (left) and after (centre) abrasive blasting (SE images). Cross-sections of the same
layers after abrasive blasting (right, BSE images).

The abrasive blasting post-treatment mentioned in Table 1 was carried out by using spheroidal
glass beads (100 ± 10 μm average diameter, average elemental composition measured by EDS, wt.%:
Si 30, O 52, Na 9, Ca 6, Mg 2, Al 1) as abrasive medium in an industrial blasting device used for
implantable metallic components. In fact, a low surface roughness is required in tribological contacts,
so as to limit the production of hard wear debris which also adversely affect the biological response [3].
Therefore, all the PEO-treated specimens were abrasive-blasted, with the exception of sample B,
used only as a reference: by comparing it to sample A, obtained in the same treatment conditions, it
is possible to assess the influence of the abrasive blasting process on microstructure and tribological
behaviour of PEO layers.

2.3. Microstructural and Micro-Mechanical Characterization

Surface and cross-sectional analyses of the microstructure of the PEO-treated specimens were
performed by means of a scanning electron microscope (SEM, Zeiss EVO 50, Oberkochen, Germany) in
low vacuum mode.

X-ray diffraction (XRD, Panalitycal, Eindhoven, Netherlands was used for assessing the phase
composition of PEO layers. Analyses were carried out by performing θ–2θ scans from 20◦ to 90◦ with
a 0.05 step size and a 5 s dwell time, by a Philips PW1729 X-ray diffractometer with a Cu-Kα radiation
source (λ = 0.15406 nm, Ni-filter), at 40 kV and 30 mA. XRD patterns were collected from the free
surface of PEO layers.

A Renishaw InVia micro-spectrometer (Renishaw plc, New Mils, UK), coupled with a Leica
DMLM microscope, using the 50 mW Ar+ laser (wavelength: 514.5 nm) as excitation source, was used
to acquire Raman spectra. The analyses were performed by focusing the laser on spots of about 2 μm
diameter and, in order to avoid sample degradation, different filters were used to reduce laser power.

Glow Discharge-Optical Emission Spectroscopy (GD-OES, Spectruma Analitik GDA 650, Hof,
Germany) concentration versus depth profiles were carried out on PEO-treated specimens. Before
each analysis surface contamination was removed by ethanol rinsing. The profiles were obtained with
a Grimm-style glow discharge lamp in RF mode. The analysed area in each measurement was about
5 mm2, corresponding to the internal area of the tubular anode (2.5 mm diameter). A rotary pump
was used to evacuate the Grimm-type atomisation/excitation source down to a pressure of 0.05 hPa.
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Argon was used as working gas (99.995% purity) and after evacuation it was injected to a constant
pressure of 3 hPa.

Surface roughness measurements were carried out on coating free surfaces by stylus profilometry
(Hommelwerke T2000, stylus tip: 5 μm curvature radius, Villingen- Schwenningen, Germany).
Microhardness was evaluated on the free surface of PEO-treated samples by means of Knoop (HK0.025)
indentation testing.

The practical adhesion of the anodic oxides was assessed by means of scratch tests, according to
the International Standard ISO 20502 [11], using a Revetest XPress device (Anton Paar GmbH, Graz,
Austria) with a Rockwell diamond indenter (200 μm spherical tip radius). Scratch tests were carried out
by applying a linearly increasing load (from 1 to 30 N), with a 10 mm scratch length and a 10 mm/min
speed rate.

2.4. Dry Sliding Tests

A flat-on-cylinder tribometer (block-on-ring contact geometry, ASTM Standard G77 [12], described
in further detail elsewhere by Ceschini et al. [13], was used to carry out dry sliding test on both untreated
Ti-6Al-4V and PEO-treated samples. Stationary blocks consisted of the PEO treated specimens (as well
as of the untreated alloy and of the reference materials for comparison described in Section 2.5),
whilst the counter material was a 100Cr6 (AISI 52100) bearing steel cylinder (60 HRC, Ra = 0.2 μm).
Sliding tests were performed at room temperature (between 20 and 23 ◦C) with a relative humidity
ranging from 50% to 60%. The sliding speed was fixed at 0.3 m s−1, while the sliding distance was set
at 1000 m. The normal load was maintained constant in each test, ranging from 5 to 40 N. This led to
initial maximum Hertzian contact pressures from 40 to 100 MPa on PEO layers (considering anatase
as prevalent phase for the treated specimens, as indicated by phase identification results obtained in
this work and deriving anatase mechanical properties from literature values of Borgese et al. [14] and
Soares et al. [15]. A bending load cell was employed for continuously recording friction force as a
function of sliding distance. The coefficient of friction (COF) was evaluated for each test by averaging
steady-state data. The COF value for each condition and each sample was then calculated by averaging
the COF of at least 3 test repetitions. The same stylus profilometer described in Section 2.3 was used to
evaluate both wear scar depths and widths on both flat blocks and rotating cylinders. Wear depth
values were determined by averaging at least 3 profiles on each wear scar and then averaging again
the mean values over the repetitions. The dominant wear mechanisms were identified by carrying out
analyses of the worn surfaces and wear debris by means of a Hirox KH 7700 3D-digital microscope
(Hirox Co Ltd., Tokyo, Japan) as well as by SEM-EDS (SEM, Zeiss EVO 50, Oberkochen, Germany).

2.5. References for the Comparison of Tribological Behaviour

The tribological behaviour of PEO-treated Ti-6Al-4V was compared with the following references:
(i) uncoated Co-28Cr-6Mo; (ii) (Ti,Nb)N coated Co-28Cr-6Mo; (iii) (Ti,Nb)N coated Ti-6Al-4V.

The PVD (Ti,Nb)N coating was considered as reference for comparison because Galetz et al. [16]
and Malchesky [17] showed that it produced a low friction coefficient against polyethylene. Moreover,
Paschoal et al. [18] proved that (Ti,Nb)N is an effective barrier against ion release from the substrate.
The PVD (Ti,Nb)N coating was deposited on both substrates by an industrial Arc Evaporation process.
The main features of the PVD coating were—thickness 5.0 μm, hardness 2300 HV0.01, surface roughness
0.26 ± 0.05 μm.

The Co-28Cr-6Mo alloy (ASTM F1537 [19], Low-Carbon type) was in the wrought, un-annealed
state (42 HRC, grain size 10 according to ASTM E112 [20], surface roughness 0.20 ± 0.11 μm).
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3. Results and Discussion

3.1. Phase Composition (General Remarks)

The main features of the PEO layers are summarized in Table 2. In several layers, the main phases
detected by XRD (which analyses the coating full-thickness composition, as demonstrated by the
presence of peaks from the substrate) are the two crystalline forms of TiO2: anatase and rutile (Table 2).
Representative XRD spectra, recorded on single layers from silicate- or phosphate-rich baths (samples
S and P, respectively) are reported in Figure 2.

Figure 2. Indexed XRD patterns (Cu Kα radiation) characteristic of the through-thickness composition
of PEO single layers obtained in DC mode from silicate- or phosphate-based baths (a.b.: abrasive
blasting). Ti: Ti-6Al-4V; A: anatase (TiO2); R: rutile; α: α-Al2O3

XRD patterns for sample S in Figure 2 also show the influence of abrasive blasting on phase
composition but this point will be discussed subsequently (Section 3.2).

Anatase was the dominating phase in XRD patterns of all samples (Table 2) and it was the only
phase detected by micro-Raman (Figure 3), using spectra reported in Bouchard and Smith [21] as
references for Raman peaks indexing. Further reference spectra were found in Friedemann et al. [22].

Single layers, phosphate bath (pulsed DC) Double layers silicate/phosphate 

(a) (b) 

Figure 3. Raman spectra (λ = 514.5 nm) on free surfaces of PEO single (a) and double layers (b).
All indexed peaks are assigned to anatase.

The inability of Raman (characterized by a shallower penetration through the PEO layer than
XRD) to detect rutile may be due to the higher concentration of the anatase in the outermost portion of
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the PEO layers. In fact, prevalence of the metastable oxide in the outer portion of PEO layer, where a
high cooling rate and hence rapid quenching is likely to predominate on annealing effects, has been
observed also in the case of aluminium alloys by Xue et al. [23].

The prevalence of anatase over rutile both in single layers (P, PN) and in double layers (DA)
obtained in pulsed DC is most likely due to the use of phosphate-based baths (either for the single layer
or for the external layer in double-layered architectures). In fact Khan [24] showed that phosphate baths
in DC mode are known to produce anatase-rich PEO layers, where phosphorus, incorporated during
the growth, tends to limit the anatase to rutile transformation (which is the final transformation in the
sequence from amorphous titania to metastable anatase (T > 550 ◦C) and then to thermodynamically
stable rutile (T > 850 ◦C) under the action of micro-arc discharges.

By comparing samples DA and DB (treated in the same conditions and differing only in the
abrasive blasting post-treatment carried out on DA, Table 1), it is possible to notice that a minor
contribution of rutile was detectable by XRD only in the abrasive-blasted sample DA, probably due to
the smoother surface that improves the signal-to-noise ratio.

In all the layers produced by phosphate-based electrolyte (with the exception of the DC mode single
layer P), also some orthorhombic aluminium phosphate (AlPO4) was detected (Table 2), as observed
by Martini et al. [25] in a previous work on PEO treatment of Ti-6Al-4V. According to Wang et al. [26],
crystalline AlPO4 is supposed to form as a consequence of high-temperature thermolysis of hydrated
aluminium polyphosphates inside discharge channels. In single layers S and P (DC mode), also
traces of α-Al2O3 were detected by XRD (Figure 2), as previously observed by Yerokhin [27] for PEO
treatment of Ti-6Al-4V. In this work, silicate-based electrolyte in DC (sample S) did not produce a
rutile-dominated layer, as the one observed by Yerokhin as well as by Wang [27,28] in AC-treated
Ti-6Al-4V (phosphate-based bath). In our case, the prevalence of anatase may be due to less intensive
arcing and lower temperatures inside discharge channels.

As regards the influence of the incorporation of P-based compounds in the PEO layers on biological
response (which has not been investigated yet for these layers), literature data indicate that P-containing
PEO coatings on Ti-6Al-4V induce a homogeneous distribution of growing MG-63s cells as well as a
higher collagen deposition per cell than plasma-sprayed hydroxyapatite [29]. Also, the incorporation of
Si (as amorphous silicate) is not expected to have a negative impact on biological response (SiO2-based
bioactive materials are known for their excellent bioactivity [30]). However, the actual biological
response to these PEO layer will require specific investigations in a further step of the work.

The influence of treatment conditions and surface finishing on microstructure, phase composition
and micro-mechanical properties will be discussed in the following Sections 3.2–3.4). Subsequently,
the tribological behaviour of all the PEO layers will be discussed and compared to selected reference
materials in the final Section 3.5.

3.2. Influence of Abrasive Blasting

The influence of abrasive blasting on surface morphology and roughness is shown in Figure 1 for
PEO single layers obtained in DC mode (P and S in Table 1).

The comparison of images and Ra values in Figure 1, before and after abrasive blasting, shows
that this mechanical surface finishing treatment effectively removes the brittle and porous external
layer of the anodic oxides, most notably in the case of samples from silicate-based baths (S). For the S
samples, the free surface displays a rough appearance, with nodular features (ranging from about 5 to
20 μm) and large pores between the nodules, typical of PEO layers grown in silicate-rich electrolyte as
shown by Aliasghari et al. [31]. In the case of samples treated in the phosphate-based solution (P),
which already showed a rather smooth surface morphology in the as-treated condition, the decrease
of surface roughness as well as the morphological modification is less remarkable. In fact, also after
abrasive blasting, typical PEO defects due to stochastic discharge events and gas evolution, such as
cavities and volcano-like features, are still visible in P samples.
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For samples obtained in silicate baths (S), the influence of abrasive blasting on phase composition
is shown in Figure 2, where XRD patterns recorded before and after mechanical surface finishing are
compared. In this case, the most evident effect of abrasive blasting is the removal of the amorphous
contribution (wide band at low diffraction angle), likely due to amorphous silica as suggested by
Wang et al. [28]. Also, Yerokhin et al. [27] detected amorphous silica in PEO layers produced on
Ti-6Al-4V in silicate-based baths. In fact, also large-area EDS analysis (Table 3) displays a remarkable
decrease in Si concentration after blasting (from about 28 to 15 wt.%).

Table 3. Surface composition of the PEO layers (EDS, wt.%; average data, recorded on several areas
imaged at 500× on each sample) before and after abrasive blasting (a.b.).

Title Title O Ti Al V Na K Si P

P
Before a.b. 48.3 ± 0.9 40.1 ± 0.1 2.4 ± 0.1 0.8 ± 0.2 0.4 ± 0.1 - 0.2 ± 0.1 7.8 ± 0.1

After a.b. 47.8 ± 0.8 39.5 ± 0.5 2.5 ± 0.1 1.3 ± 0.1 0.5 ± 0.1 - 0.4 ± 0.1 8.0 ± 0.1

S
Before a.b. 58.3 ± 0.4 8.4 ± 0.3 0.3 ± 0.1 0.4 ± 0.1 0.7 ± 0.1 0.6 ± 0.1 27.9 ± 0.7 3.4 ± 0.1

After a.b. 56.6 ± 0.6 22.9 ± 0.4 1.4 ± 0.1 0.9 ± 0.1 0.5 ± 0.1 0.3 ± 0.1 15.0 ± 0.1 2.4 ± 0.1

The influence of abrasive blasting on surface composition was also evaluated for single layers
deposited from phosphate baths in pulsed DC mode (PP, PM, PN, Table 1), in order to check for
accumulation of Si from the blasting medium also in this set of samples. Results of large-area EDS
analysis on the free surface demonstrated that sample PP (obtained at lowest duty cycle, that is,
at lowest pulse-on times) shows a significantly higher Si concentration (visible also in cross-section
X-ray maps discussed in Figure 4) than the others.

The shorter pulse-on times for the treatment of sample PP may be responsible for a lower density
of the layer, as shown by cross-sections in Figure 4, hence for the increased tendency to abrasive
incorporation by comparison to other PEO layers obtained in pulsed DC. In this current regime,
also Dehnavi et al. [32] observed that layer density and microstructure improved with increasing
pulse-on time. This Si enrichment is likely to be responsible for the relatively high microhardness of
sample PP (Table 2), thus beneficially influencing its tribological behaviour.

These results show that, also for the S single layers discussed above (Table 3), surface contamination
due to Si from the blasting medium cannot be ruled out, because it can be masked by the decrease of
Si% as a consequence of the removal of the outermost amorphous silica layer. Therefore, in the case of
silicate-phosphate double layers (DA and DB, Table 1), the possible surface enrichment of Si due to
abrasive blasting was assessed by measuring GD-OES depth profiles (Figure 5), in order to take into
appropriate consideration also the layered structure of the coatings.

Glow Discharge-Optical Emission Spectroscopy (GD-OES) depth profiles in Figure 5 show the
trend of Ti, Si and P signal intensity as a function of depth for the same double layer coating, both before
(as-treated) and after abrasive-blasting. Oxygen was not included in this graph because its profile
typically has a lower S/N ratio than the others and it would affect readability without yielding further
useful information. Also, Al and V, which showed similar trends as Ti but with proportionally lower
intensity due to their lower alloy concentration, were not added in the graph so as to preserve its
readability. Based on the comparison of Si profiles, abrasive blasting decreases the total layer thickness
of about 10 μm (from 15 to 5 μm). Such an estimate is probably more accurate than the one obtainable
by polished cross-sections (Table 2), because GD-OES data are averaged over a relatively large analysed
area whilst the intrinsic brittleness of as-treated PEO layers makes them prone to damage during
metallographic preparation.
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Figure 4. Polished cross sections and EDS X-ray maps of single layer PEO coatings obtained in pulsed
DC (phosphate bath): PP (left column), PM (centre column) and PN (right column). The duty cycle
increases on going from left to right (Table 1). The X-ray maps were recorded for each coating in the
same area of the electron image in the top row.
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Figure 5. GD-OES depth profiles of Si, Ti and P measured from the free surface of PEO double layers
DA (abrasive-blasted, solid lines) and DB (as-treated, dashed lines) obtained by treatment in silicate
bath followed by phosphate bath.

In the as-treated double layer (DB), P can be detected through the whole thickness of the PEO layer
and its signal shows a slight intensity increase at around 10 μm from the surface. In the abrasive-blasted
layer (DA), thinned and compacted by the finishing procedure, the P signal is more intense than in
the previous case and rather constant throughout the layer thickness, indicating in both cases that the
electrolyte was able to penetrate the inner regions of the coating, probably through breakdown channels,
as observed also by Galvis et al. [33] for single layers obtained in DC mode from phosphate baths.
Even though the immersion in the phosphate solution was the second step of the treatment, after the
first step in silicate bath, it induced P enrichment of the whole layer (as shown also by EDS X-ray maps
in Figure 4). GD-OES depth profiles also show a remarkable increase of Si in the outermost portion of
the abrasive-blasted layer (DA), by comparison to the same coating in the as-treated condition (DB).
The different trend and the higher concentration of Si in the abrasive-blasted layer (DA) is most likely
due to embedding of silicate glass fragments during abrasive blasting.

3.3. Influence of Current Mode (DC Versus Pulsed DC)

In the case of phosphate-based single layers, the influence of current mode can be estimated
by comparing sample P (DC mode) with PP, PM, PN (pulsed DC). Cross-section images in Figure 1
(sample P) and 4 (PP, PM, PN), as well as average thickness values in Table 2, show that the use
of pulsed DC current induces a slight densification of the PEO layer, accompanied by a thickness
decrease. This is probably due to the beneficial influence of pulse-off time which, in the pulsed DC
mode, contribute to interrupt spark discharges, decreasing the growth rate but also limiting disruptive
discharge events. In terms of phase composition, the use of pulsed DC slightly reduced the tendency
towards the formation of stable rutile (Table 2), probably due to the attainment of lower temperatures
than in DC mode. In terms of micromechanical properties (Table 2), there is no remarkable difference
between microhardness and critical loads for full delamination (Lc3) among samples obtained in
DC or pulsed DC mode. However, the PN layer, obtained in pulsed DC at the highest duty cycle
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(Table 1), makes an exception, with its highest Lc3 value due to improved microstructure (discussed in
Section 3.4).

In the case of double layers, the influence of current mode on microstructure can be assessed by
comparing sample D5 (DC mode) with DA (pulsed DC). The cross-section images in Figure 6 show
that both samples do not display significant porosity.

Figure 6. Polished cross sections and EDS X-ray maps of double layer PEO coatings (silicate
bath followed by phosphate bath): D5 (top column), DA (centre column) and DB (right column).
More information on deposition conditions of double layers can be found in Table 1. The X-ray maps
were recorded for each coating in the same area of the electron image in the top row.
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Double-layered sample DA is slightly thinner and less compact that D5, mostly in the outer zone.
The only difference in terms of phase composition between these samples was a higher amount of
crystalline AlPO4 in the layer obtained in DC mode (D5), where high-temperature thermolysis of
hydrated aluminium polyphosphates inside discharge channels was probably more likely than in
pulsed DC (where pulse-off time may allow cooling during coating growth in a more effective way).
In pulsed DC mode (sample DA), a lower current density was employed (Table 1), further contributing
to the achievement of lower temperatures during discharge events. The use of pulsed DC lead to
lower thickness and microhardness in sample DA but it induced a higher practical adhesion (Lc3) by
comparison to D5 (Table 2).

3.4. Influence of Duty Cycle (Pulsed DC)

For phosphate-based single layers in pulsed DC (PP, PM and PN, Table 1), thickness decreased
whilst compactness increased with increasing duty cycle (Figure 4), due to the beneficial microstructural
effect of increasing pulse-on time, as previously discussed in Section 3.2. Accordingly, in terms of
phase composition, rutile was detected only at the highest duty cycle values, in sample PN (Table 2).
Correspondingly, a relatively high microhardness was detected in the same sample. The highest
microhardness recorded for phosphate-based single layers was recorded in sample PP, obtained at the
lowest duty cycle value: however, in this case the measured value in probably affected by the abrasive
residues embedded in the surface layer, as previously discussed in Section 3.2.

In general, the low hardness of these PEO layers, which are only slightly higher than the substrate,
may be due to the predominance of soft anatase (Table 2), as well as to residual non-oxidised titanium,
as suggested also by Yerokhin et al. [27]. Also, Diamanti et al. [34] obtained a similar result, that is,
thin anatase-based PEO layers on Ti-6Al-4V, produced in calcium glycerophosphate bath, displayed a
hardness lower than the untreated substrate.

The microstructural modifications induced by the increase of duty cycle also showed a beneficial
influence on practical adhesion (Lc3, Table 2), which can be ascribed to the denser microstructure [35,36].

3.5. Dry Sliding Tests

Average values of coefficient of friction (COF) as well as of maximum wear depth are plotted as a
function of normal load in Figure 7.

Each PEO layer is characterised by a critical normal load (Table 2) at which failure of the coating
occurs during the test, hence the load range for COF values in Figure 7a is wider for the best-performing
coatings than for the worst ones.

Figure 8 shows the typical graph recorded during the tests which induced coating failure: when
the substrate starts to be involved in the contact (after about 100 m in this case), COF decreases whilst
system wear (i.e., material removal from both the block and the ring) increases with increasing sliding
distance. The friction transition after coating failure lead to COF values comparable to that of the
untreated substrate.

The observation of wear scar morphology after the above described friction and wear transitions
(Figure 9) shows that, after coating failure, the underlying substrate is deeply ploughed (Figure 9b)
due to abrasion.
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Figure 7. Average values of coefficient of friction (a) and maximum wear depth on blocks (b) as a
function of normal load. In (a), the trend line for PM overlaps the one for DA between 5 and 10 N.
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Figure 8. Friction and wear transitions for PEO layers at the critical load for coating failure: coefficient
of friction (black line) and system wear (red line) as a function of sliding distance (sample DA, under a
normal load of 40 N).

 

Figure 9. SEM images of wear scars on (a) untreated and (b) PEO-treated Ti-6Al-4V after the friction
and wear transition that corresponds to the involvement of the substrate in the contact (i.e., coating
failure).

Adhesion damage is also noticeable between the grooves, showing the same typical morphologies
observed also for the untreated substrate (Figure 9a). The occurrence of these friction/wear transitions
and the morphology of worn surfaces is completely comparable to the case of other PEO-treated
Ti-6Al-4V samples tested in dry sliding conditions against bearing steel, discussed in a previous work
by Martini et al. [25].

For this specific set of samples, the highest COF values were recorded for the as-treated
(not abrasive-blasted) double layer DB (Figure 7) at 5 N. The COF of all abrasive-blasted PEO
layers (with the exception of PM, discussed here below) is lower than for DB, demonstrating that the
surface finishing procedure improved the frictional behaviour. Fei et al. [9] reported similar results on
this phenomenon, which is due to the decrease of the abrasive component of friction, brought about by
the decrease of surface roughness induced by abrasive blasting. Also, the single layer PM coating,
with high roughness (Table 2) and low compactness (Figure 4), showed high COF values at 5 N. Similar
to DB, also this coating failed already at 10 N, due to its detrimental combination of high roughness,
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low compactness and low hardness (the latter two parameters being related, since pores and cracks
negatively affect the hardness of PEO layers as shown by Curran and Clyne [37]).

For PEO layers that survived in a wider load range (namely D5 and PN), COF slightly increases on
going from 30 to 40 N, due to destabilization of the iron oxide transfer layer that covers all the treated
surfaces as a consequence of mild tribo-oxidation of the steel counterface. The presence of these iron
oxide transfer layers, which is typically observed in the PEO-steel contact [25], is documented by the
images of wear scars taken at 5 N in Figures 10 and 11 (the latter also reporting EDS and micro-Raman
data).

Figure 10. SEM images of wear scars at 5 N on single layers (PP: a, PM: c, PN: e) and double layers
(D5: b, DA: d, DB: f) showing the presence of iron oxide based transfer layers with variable degrees of
coverage and stability. Under 5 N, layers PM and DB are already at the load before coating failure and
the transfer layer starts to detach.
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Figure 11. (a) representative SEM image of transfer layers on the surface of wear scars (single layer PN,
5 N) with (b) EDS data (wt.%) and (c) micro-Raman spectrum taken in area 1 of (a), showing that the
thicker areas of the transfer layer mostly consist of haematite (Fe2O3).

These transfer layers, when formed during dry sliding against AISI 52100 at room temperature
and at relatively low sliding speed (0.3 m s−1), consist of haematite (Fe2O3) according to micro-Raman
analyses (Figure 11c). Tonelli et al. [38] observed the same type of haematite-based transfer layers also
for other PEO coatings in similar contact conditions.

The destabilization of the transfer layers starts to be appreciable at the load before friction and
wear transition (e.g., in Figure 10c,f for layers PM and DB respectively, already being at the load before
failure at 5 N and in Figure 12 for the other layers). Also, the detachment of micro-fragments from
the PEO layer, which mostly occurs before complete coating failure, may contribute to increase the
abrasive component of friction at high load.

As for COF, also the trend of maximum wear depth (measured on PEO-treated and untreated
stationary blocks at the end of the tests) versus normal load (Figure 7b) shows the above described
transitions, related to coating failure. After coating failure, in fact, wear depth of PEO-treated blocks
noticeably increases with increasing normal load, achieving values comparable to the untreated
substrate. However, before coating failure, all the PEO layers investigated in the present work
performed better than the bare Ti-6Al-4V substrate, in terms of wear resistance.

As previously discussed for COF, the abrasive blasting process has a beneficial influence also on
wear depth. By comparing the curves of samples DA and DB in Figure 7b, it is possible to notice that
the removal of the porous and brittle external layer increased the critical load to failure from 10 N (DB)
to 40 N (DA), probably due to a decreased tendency towards micro-crack driven damage accumulation,
in the case of the smoother coating (DA).

It is worth noting that the PEO treatment in phosphate-based bath after the production of the
inner layer in silicate bath (i.e., comparing S (single layer) to D5 (double layer)) was beneficial, leading
to an increased critical load to failure (from 30 to 40 N). This effect can be probably ascribed to the
higher compactness of D5 and hence to its increased hardness.

The critical load to failure for single layers obtained in phosphate bath increased in the following
order: PM < P < PP < PN. This indicates that most layers obtained in pulsed DC perform better than
the one obtained in DC (sample P) and the best tribological behaviour can be achieved for pulsed
DC treatment at highest duty cycle (PN), due to combination of dense microstructure, relatively high
hardness and high adhesion. In the case of PP, the unexpected good wear resistance (despite its low
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adhesion and non-dense microstructure) may be due to the Si-rich top layer, formed as consequence of
glass embedding during abrasive blasting (discussed in Section 3.2), which may also contribute to
local enhancement of surface hardness.

Figure 12. SEM images of wear scars at the load before coating failure for PEO coatings which survived
at loads higher than 10 N: single layers (PP: a, PN: c) and double layers (D5: b, DA: d).

It is also worth noting that pulsed DC treatment at highest duty cycle (PN) attains the same
critical load to failure in dry sliding as the best double layers. This is probably related to its dense
microstructure and relatively high hardness. Moreover, the low roughness of PN by comparison to
D5 and DA, induced by the absence of the intermediate silicate layer, is also likely to limit stress
concentration at asperities, thereby limiting micro-crack driven damage, which is a typical wear
mechanism associated with PEO layers as reported by Diamanti et al. [34]. The promising behaviour of
PN therefore suggests that single-layer high duty cycle pulsed DC can be considered as an alternative
and simpler processing route than double-layer deposition.

As regards abrasive-blasted double layers, both D5 and DA achieved the highest values of critical
load to failure (40 N, Figure 7b). Their comparable performance indicates that microhardness alone is
not the key parameter in influencing wear behaviour: both layers display a rather dense microstructure,
hence practical adhesion plays a key role in determining the high critical load of DA, notwithstanding
its lower hardness. It is also worth noting that embedding of glass residues was observed in the DA
layer (as discussed in Section 3.2). As previously discussed for PP, this Si-rich surface layer may have a
non-negligible beneficial influence, also predominating over other features such as microstructure,
adhesion and hardness.

As for the comparison carried out under the highest normal loads (30 and 40 N) between the
best-performing PEO layers (PN, D5 and DA) and reference materials (i.e., uncoated or PVD (Ti,Nb)N
coated Ti-6Al-4V and CoCrMo), the average maximum wear scar depth values are reported in Figure 13.

As previously discussed, all PEO layers outperform the uncoated Ti-6Al-4V. At 30 N, all the
selected PEO layers display wear depths comparable to CoCrMo (both uncoated and PVD-coated).
The wear depth of PEO layers is also slightly lower than for PVD-coated Ti-6Al-4V, which is a promising
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result considering that in this case the thickness of PEO layers is only slightly higher than that of the
PVD coating, which is 5 μm thick). At 40 N, both the PEO the PVD layers on Ti-6Al-4V are worn out
and their substrate is markedly involved in the contact. Only the PVD-coated CoCrMo still shows a
very low wear depth (lower than that of the uncoated CoCrMo), due to the high load-bearing capacity
of this substrate.

 

Figure 13. Wear depth values measured under normal loads of 30 and 40 N on the best-performing
PEO layers and on the reference materials (uncoated or PVD (Ti,Nb)N coated Ti-6Al-4V and CoCrMo).

4. Conclusions

The dry sliding behaviour of the Ti-6Al-4V alloy, PEO-treated by using different process parameters,
was assessed and correlated both to microstructure and micro-mechanical characteristics (hardness,
practical adhesion). In particular, we investigated the influence on tribological behaviour of (i) layer
structure (single layer, obtained in phosphate bath or double layer, obtained in silicate bath followed by
phosphate bath), (ii) current mode (DC or pulsed DC), (iii) duty cycle (in case of pulsed DC deposition)
and (iv) surface finishing (i.e., industrial post-treatment by abrasive blasting).

The results allowed to draw the following conclusions:

• Surface finishing by abrasive blasting with spheroidal glass beads leads to surface roughness
decrease and hence to decreased friction and improved wear resistance. However, this procedure
may also induce embedding of glass residues in the cortical zone of PEO layers, with an additional
beneficial influence on tribological behaviour.

• The tribological behaviour of PEO layers obtained in pulsed DC tends to improve with increasing
duty cycle values, due to improved microstructure and adhesion of PEO layers.

• Single-layer, high duty cycle, pulsed DC can be considered as an alternative, simpler processing
route than double-layer deposition, leading to comparable wear performance.

• In the case of PEO layers obtained in the conventional DC regime, the double-layer structure
(treatment in silicate bath followed by phosphate bath) beneficially affected wear behaviour.

• The best PEO layers among those developed in this study showed promising results in the
comparison with reference materials. In particular, at 30 N normal load, PEO layers displayed
wear depths comparable to CoCrMo (both uncoated and (Ti,Nb)N PVD-coated) and slightly lower
than PVD-coated Ti-6Al-4V. At 40 N, however, both PEO layers and PVD coatings on Ti-6Al-4V
underwent failure and only PVD-coated CoCrMo showed low wear depths.
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Abstract: The overall energy efficiency of machine elements and engine components could be
improved by using new technologies such as surface modifications. In the literature, surface
engineering approaches like micro-texturing and the application of diamond-like carbon (DLC)
coatings were frequently studied separately, with focus on a specific model contact and lubrication
conditions. The contribution of the current study is to elucidate and compare the underlying friction
reduction mechanisms of the aforementioned surface modifications in an application-orientated
manner. The study applied the operating conditions of the thermo-elastohydrodynamically lubricated
(TEHL) cam/tappet-contact of the valve train. Therefore, tribological cam/bucket tappet component
Stribeck tests were used to determine the friction behavior of ultrashort pulse laser fabricated
microtextures and PVD/PECVD deposited silicon-doped amorphous carbon coatings. Moreover,
advanced surface characterization methods, as well as numerical TEHL tribo-simulations, were
utilized to explore the mechanisms responsible for the observed tribological effects. The results
showed that the DLC-coating could reduce the solid and fluid friction force in a wide range of
lubrication regimes. Conversely, micro-texturing may reduce solid friction while increasing the
fraction of fluid friction.

Keywords: thermo-elastohydrodynamic lubrication; DLC-coating; microtexturing; surface
modification; friction mechanisms; energy efficiency; internal combustion engine; cam/tappet-contact

1. Introduction

Approximately one-fifth of the fuel energy in passenger cars is used to overcome friction in
engines, of which about 15% is consumed in the valve train (Holmberg et al. [1]). According to many
experts, for example, Kalghatgi [2] and Serrano et al. [3], internal combustion engines (ICE) will not
diminish in relevance worldwide even in times of increasing powertrain electrification. In addition,
the obtained insights can also be transferred to other tribological rolling-sliding-contacts, for example,
in the newly emerging field of electric vehicles (Farfan-Cabrera [4]). The total energy efficiency could
be significantly increased by utilizing new technologies such as surface modifications (Holmberg and
Erdemir [5]). This can be achieved, for instance, by applying amorphous carbon (DLC) coatings (Kalin
et al. [6], Erdemir and Donnet [7]) or discrete microtextures (Gropper et al. [8], Gachot et al. [9–11])
onto the rubbing surfaces of lubricated tribological sliding contacts. Both approaches have been
intensively investigated in the literature within various theoretical and experimental studies ranging
from boundary (Pettersson and Jacobson [12]), to mixed (Löffler et al. [13], Borghi et al. [14]), as
well as full-film hydrodynamic (Etsion [15], Pawlus et al. [16,17]) and elastohydrodynamic lubrication.
With advancing experimental and numerical methods, the effects of surface modifications particularly
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in non-conformal thermo-elastohydrodynamically lubricated (TEHL) contacts, have been the subject
of numerous investigations.

Evans et al. [18] and Kalin et al. [19,20] identified the wall slip between dispersive lubricants
and highly dispersive coated surfaces as being responsible for friction reductions of up to 20% using
tetrahedral amorphous carbon (ta-C), hydrogenated amorphous carbon (a-C:H), and doped DLC
(a-C:H:Si, a-C:H:N, a-C:H:F) coatings compared to uncoated references in ball-on-flat experiments.
Björling et al. [21] investigated the frictional behavior of a-C:H coatings in a ball-on-disk tribometer,
where friction decreased with increasing coating thickness, wherein a reduction of up to 41% was
observed. From contact angles, surface energies, and spreading parameters, the authors concluded
that the friction reduction was not only due to solid–liquid interactions but also due to a thermal
insulation effect. The outcome was further observed by Björling et al. [22,23] using a combined
experimental and numerical approach. In ball-on-disk tests, the authors observed a friction reduction
of up to 16% if one contacting body was coated, and up to 25 % if both bodies were coated (a-C:H).
Thermo-elastohydrodynamically lubricated (TEHL) simulation results indicated the highest contact
temperatures when both bodies were coated, and the lowest temperatures for the uncoated reference
case, which was attributed to the lower thermal inertia of the amorphous carbon coatings. Bobzin et
al. [24] also attributed a friction reduction of up to 45% from a-C:H:ZrC and a-C:H:nc-ZrC coatings,
observed in twin-disk tests to higher flash temperatures due to thermal insulation effects. The effects led
to the lower shear resistance of the lubricant and lower mass temperatures of the disk, which resulted in
a higher lubricant gap. Elsharkawy et al. [25] numerically studied the influence of mechanical coating
properties and their thickness on the EHL pressure and fluid film thickness distribution. The authors
found that coatings with a lower elastic modulus led to wider contact areas and lower maximum
pressures. The influence of the mechanical coating properties increased with the coating thickness.
Based on the finite element simulation approach, Habchi et al. [26] investigated the influence of
both the thermal and mechanical effects of coatings on the TEHL contact. The results were in good
agreement with the investigations mentioned above. Coatings with high thermal inertia showed
temperature and friction coefficients that were similar to uncoated references, whereas low thermal
inertia coatings featured a friction reduction of up to 50%. The result was enhanced by higher coating
thickness and sliding speed. Using twin-disk tests and accompanying TEHL simulations with a 50%
slip and a-C:H-coated specimens, Bobach et al. [27] showed a friction reduction of up to 40% compared
to the uncoated references. Therefore, higher contact temperatures, as well as lower bulk temperatures,
were observed due to the lower heat conductivity of the amorphous carbon coating, resulting in the
observed fluid friction reduction. However, the authors noted that for pronounced mixed friction,
the boundary friction between the surfaces could not be ignored. By comparing thin-film sensor
measurements in a twin-disk test-rig using TEHL simulations, Ebner et al. [28] demonstrated higher
contact temperatures due to ZrO2 and Al2O3-coatings compared to the uncoated specimens.

Regarding texturing, various early investigations, e.g., by Choo et al. [29,30], Ehret et al. [31], and
Venner and Lubrecht [32], on surfaces with regular features using optical interferometry or numerical
simulations indicated the direct involvement of surface topography on elastohydrodynamic lubrication.
Therefore, grooves and ridges orientated transversely to the direction of sliding tended to enhance
the mean fluid film thickness, whereas longitudinal surface features instead induced adverse effects.
Initial experimental and numerical studies on discrete surface features were carried out by Cusano and
Wedeven [33] and Ai and Cheng [34], respectively. Using optical interferometry in an EHL tribometer
under 50% slip conditions and accompanying numerical simulations, Mourier et al. [35] showed that
deep cavities reduced the lubricant gap while shallow dimples fabricated by laser texturing enlarged
the fluid film. The effect was related to the highly viscous lubricant that was drawn out of the texture
due to shear effects and an additional elastic deformation. Complementary studies (Mourier et al. [36])
indicated the optimal depths and diameters of the dimples for lubricant gap enlargement below or
above, wherein less positive or even detrimental effects occurred. The role of shallow textures, velocity
differences, and high lubricant viscosity was further emphasized by Krupka and Hartl [37].
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Moreover, Krupka et al. [38] studied shallow dimples under mixed EHL conditions using thin film
colorimetric interferometry. They found that lubricant expelled from microtextures could effectively
lift off real roughness features, providing an increase in the average film thicknesses. Investigations
using a twin-disk test-rig by Bobzin et al. [24] showed a friction reduction induced by deterministic
laser textures but only at higher contact stresses, low velocities, and high slips. Rosenkranz et al. [39]
mapped the conditions under mixed and full film EHL from which friction reduction could be obtained
using hot micro-coined samples in the ball-on-disk tests. Thus, shallow textures and lower area
coverage between 10 and 20% resulted in pronounced friction reductions of up to a factor of 3 at
low sliding velocities. Marian et al. [40] combined ball-on-disk experiments with EHL simulations,
taking mixed lubrication into account, to study the influence of the structural parameters of single
hemispherical microtextures on the resulting lubrication conditions, friction, and wear. The authors
used meta-modeling and biological evolution-inspired optimization algorithms to derive beneficial
and robust micro-texture designs. Textures with a shallow depth and a diameter close to the elastically
deformed contact area were found to be favorable, with a friction reduction up to 60% due to an
additional hydrodynamic pressure build-up, a local lubricant gap enlargement, as well as reduced
asperity contact.

The studies above were limited to coating or microtexturing in model contacts or under constant
lubrication conditions. Meanwhile, dynamic and different lubrication conditions are present in
real applications. Since both surface modification approaches are particularly suitable for machine
elements with high amounts of sliding, several investigations have dealt with gear wheel pairings.
Bobzin et al. [24] studied the influence of a-C:H:ZrC and a-C:H:nc-ZrC coated and laser-textured
spur gears using a gear efficiency test-rig. For the microtextured tooth flanks, a desirable friction
behavior with an improvement of up to 7% compared to the polished references was observed under
extreme mixed friction conditions. A significant friction reduction of up 39% was observed for the
amorphous carbon-coated gear wheels. Although a reduction in frictional losses was observed at
lower circumferential speeds, this reduction was more pronounced at higher gear wheel speeds. Again,
this was attributed to the low thermal inertia of the amorphous carbon coatings. Beilicke et al. [41]
performed transient TEHL simulations of an amorphous carbon-coated helical gear pair, taking mixed
lubrication into account. The observed reduced friction up to 27% was explained by the thermal
insulation of the coating, resulting in lower effective lubricant viscosity. Coating both the pinion and
wheel resulted in higher temperatures, lower traction coefficients, and lower minimum lubricant gap
compared to the single-sided coated gear pair. For the latter, the fluid temperature was shifted towards
the coated surface. Using TEHL simulations of spur gears, Ziegltrum et al. [42] showed a similar trend
in frictional behavior for different lubricants (mineral, polyalphaolefin, and polyglycol oil) due to the
thermal insulation effects of the amorphous carbon coating. However, the degree of friction reduction
varied between 14% and 28%, depending on the lubricant properties.

The TEHL cam/tappet-contact of the valve train represents another engine component with
high frictional losses and a high amount of sliding. Kano et al. [43] reported that hydrogen-free
amorphous carbon coatings (ta-C), while using additized (GMN) PAO base oïl, led to super-low friction
coefficients (below 0.01) in a single cam and follower test-rig, as well as friction reductions up to 45%
in motor-driven valve train tests. Dobrenizki et al. [44] studied the influence of engine oil, additives,
temperature, and camshaft speed on efficiency improvement from a-C:H:ZrC and a-C:H:X coatings on
single automobile bucket tappets in contact with a cam. Yu et al. [45] numerically investigated the
effects of mechanical and thermal coating properties on the TEHL cam/tappet-contact under full-film
conditions. They found that frictional losses were significantly affected by thermal effects and that soft
coatings with low thermal inertia were most favorable. Coating both the tappet and cam resulted in
higher TEHL temperatures and lower friction coefficients.

Furthermore, using transient full-film TEHL simulations, Meng et al. [46] concluded that
amorphous carbon coating induced thermal insulation effects that are particularly beneficial in start-up
processes of the cam/tappet-contact, leading to significantly reduced frictional losses. Gangopadhyay
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and Watt [47] used a motored valve train test-rig to determine a friction reduction of up to 35%
from shallow V-shaped grooves fabricated by a diamond cutting tool. Krupka et al. [48] studied
the effect of an array of micro-dimples on lubrication conditions using optical interferometry in a
ball-on-disk machine, mimicking the transient operating conditions of the cam/tappet-contact. They
showed that lubricant drawn out from the micro-pockets helped to separate the rubbing surfaces
especially under thin-film conditions where the counter-bodies featured opposing sliding speeds.
Employing a component test-rig, Marian et al. [49] studied the tribological performance of shallow
line-shaped microtextures applied on tappets in the cam-contact operating under mixed lubrication
conditions. For pure mineral oil, a significant friction reduction of up to 14 % was determined, which
correlated well with measurements from an electrical resistivity circuit. The results and accompanying
EHL simulations indicated that reduced asperity contact was responsible for the outcome. From
the same test-rig, Tremmel et al. [50] determined a strong dependency on the frictional behavior of
microtextured tappets on the lubricant viscosity, with higher viscosities being favored. Based on
TEHL simulations and subsequent meta-modeling and optimization, the same authors concluded that
shallow line-shaped textures arranged perpendicular to the direction of motion and with a width close
to the elastically deformed contact area were most beneficial.

In summary, amorphous carbon coating and surface micro-texturing offer great potential to
improve the energy efficiency in EHL contacts with a high amount of sliding, operating under a
mixed or full-film regime. However, many studies have only focused on model contacts and constant
lubrication conditions. Moreover, despite the very similar basic idea of amorphous carbon coating and
micro-texturing, i.e., to improve the energy efficiency of a tribological contact without influencing other
components, e.g., through design changes, the two approaches were usually considered separately.
For these reasons, this paper aims to elucidate and compare the underlying friction reduction
mechanisms under application-orientated operating conditions in the cam/tappet-contact of the
valve train. Therefore, component tests with amorphous carbon-coated and microtextured bucket
tappets were carried out and supplemented by surface characterization, as well as numerical TEHL
tribo-simulations, which offered the potential to explore the underlying mechanisms. The results
of this study were partly presented orally at the 74th STLE Annual Meeting and Exhibition 2019 in
Nashville, Tennessee [51].

2. Materials and Methods

2.1. Experimental Methods

2.1.1. Materials

For testing, mechanical bucket tappets with top adjusting shims made of 16MnCr5 (1.7131, AISI
5115), with a diameter of 28 mm and height of 2.5 mm, were used and either microtextured or coated
with amorphous carbon. The specimens were case-hardened to 62 + 2 HRC, mirror-polished to Ra ≈
0.005 μm, and ultrasonically cleaned in acetone and isopropyl alcohol.

2.1.2. Microtexturing

Texturing of the specimen surfaces, as depicted in Figure 1a, was carried out using an ultrashort
pulse (USP) laser ablation process (Fuego, Time Bandwidth, Zurich, Swiss) and a 2D scanner system
(Scanlab, Puchheim, Germany) with a scanning speed of 600 mm/s. Nd:YVO4 generated a beam with
1064 nm wavelength and an averaged power of 802 mW. The pulse rate of 200 kHz and the short pulse
duration of 10 ps allowed a precise process with low ablation per pulse, a small heat-affected zone, and
the high quality of fabricated microtextures. The beam was focused to a minimum spot diameter of 37
μm using an F-theta lens with a focal length of 160 mm. After texturing, the specimens were polished
again to remove manufacturing induced material accumulation at the texture edges and to adjust the
final roughness (Ra ≈ 0.005 μm) and texture depth. Thus, we set a shallow depth of around 2 μm.
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Lateral dimensions of each texture element were constant at 35 μm in, as well as 2 mm perpendicular
to the direction of motion. Distances between the textures were 180 μm in and 1 mm perpendicular,
respectively. This measure corresponded to area coverage of approximately 10%. The values were
chosen as they were advantageous as described in the literature and previous studies [49,50].

Figure 1. (a) Laser scanning microscopy image and a sectional view of a microtextured sample; (b)
FIB-milled cross-section of a DLC-coated specimen; (c) Cam/bucket tappet component test-rig.

2.1.3. Coating

Among the group of DLC-coatings, a silicon-doped hydrogenated amorphous carbon coating
(a-C:H:SiO), as illustrated in Figure 1b, was deposited using an industrial scale PVD/PECVD coating
machine (TT 300, H-O-T, Nuremberg, Germany) with a two-fold rotating charging rack. Before
deposition, the specimens were argon ion plasma-etched inside the deposition chamber, applying an
argon flow of 500 sccm and a −500 V pulsed DC bias voltage at 300 ◦C for 40 min. Since carbon-based
layers usually show poor adhesion when directly deposited on steel substrates, we applied a thin
adhesion layer of chromium (Cr) and an interlayer of tungsten carbide (WC). Furthermore, interlayers
of tungsten-doped hydrogenated amorphous carbon (a-C:H:W) and pure hydrogenated amorphous
carbon (a-C:H) contributed to a gradual increase in hardness from the substrate towards the top
layer and improved the coating’s load-carrying capacity. Finally, a top layer of a-C:H:SiO served as a
tribologically effective functional layer. Interfaces to the substrate and between layers were graded by
continuous adjustment of the process parameters. The Cr adhesion layer and the WC interlayer were
prepared by the steered arc evaporation of a Cr-target and unbalanced magnetron (UBM) sputtering
of a binder-free WC-target, respectively. PECVD processes were employed to deposit a-C:H and
a-C:H:SiO layers by evaporating HDMSO and applying argon and acetylene as process and reactive
gas. The a-C:H:W layer was generated in a reactive PVD process by sputtering the WC-target under an
argon-acetylene atmosphere. The WC-target was used with bipolar pulsed DC voltages applying set
target voltages as the negative pulse amplitudes. The levels of the positive pulses represented 15% of
the adjusted target voltages. During the deposition of the WC interlayer, the pulse frequency was kept
constant at 40 kHz with the duration of a positive pulse of 5 μs. Preparing the a-C:H:W layer, the pulse
parameters were set to 70 kHz and 4 μs, respectively, to prevent the WC-target from poisoning. The
PECVD processes required bipolar (15% positive pulse voltage level) and unipolar pulsed bias voltages
(pulse frequency of 40 kHz, positive pulse duration of 5 μs). Relevant deposition parameters for each
coating layer are listed in Table 1. After deposition, the coated samples were polished to Ra ≈ 0.047 μm.
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Table 1. Deposition parameters of layers of the amorphous carbon coating according to the order
of deposition.

Coating
Layer

Duration
in s

Arc Current of
Cr-Target in A

Sputtering Power
of WC-Target in W

Bias Voltage in V
(Operating Mode)

Acetylene Gas
Flow in sccm

Argon Gas
Flow in sccm

HMDSO Gas
Flow in sccm

Temperature
in ◦C

Cr 280 70 − −100 (DC) − 70 − 140
WC 1080 − 1200 −50 (DC) − 195 − 110

a-C:H:W 2267 − 1200 −130 (DC) 28 180 − 100
a-C:H 1155 − − −450 (bipolar pulsed) 250 100 − 100

a-C:H:SiO 2050 − − −575 (unipolar pulsed) 250 100 6 100

2.1.4. Characterization and Tribological Testing

The indentation hardness HIT and indentation modulus EIT were measured by nanoindentation
using a Picodenter HM500 (HELMUT FISCHER, Sindelfingen, Germany). The HIT and EIT values of
the coating were determined at a maximum load of 3 mN, ensuring indentation depths of the Vickers
indenter of less than 10% of the coating thickness to minimize the influence of the substrate material [52].
A load of 500 mN was chosen for the indentation of the uncoated steel substrate. To compensate for the
statistical scattering due to surface roughness and irregularities, we performed twenty indentations of
which not more than four significant outliers were precluded from the evaluation.

The specimens were further characterized by laser scanning microscopy (LSM, VK-X200, Keyence,
Neu-Isenburg, Germany) and focused ion beam preparation (FIB, Scientific Helios NanoLab 600i,
Thermo Fisher, Waltham, Massachusetts, United States) to illustrate the textured surface and the
coating architecture, as shown in Figure 1b,c.

Tribological testing was carried out on a single cam/single bucket tappet component test-rig
(TSRP, KTmfk, Erlangen, Germany), as described by Dobrenizki et al. [44], Marian et al. [49], and
Tremmel et al. [50]. This testing is illustrated in Figure 1c, utilizing standard valve train parts (cam,
spring, valve) to ensure realistic conditions. The shims were fixed in the recess of a tappet adapter
using a temperature and impact resistant adhesive (Loctite 480, HENKEL, Düsseldorf, Germany). A
pin restricted the rotation of the tappets within their guidance during testing to maintain the same
orientation of the line-shaped textures to the contact area. The 100Cr6 (1.3505, AISI 52100) cam (Ra ≈
0.2 μm) without profiling, at a width of 10 mm, a base radius of 15 mm, and a tip radius of 2.3 mm was
cut out of a series camshaft, provided with cone seats and held by two shafts. The same cam which had
previously been run in for 24 h was used for all tests. The test-unit, in which the tappet and valve were
moving linearly, was mounted elastically at the bottom and supported by four crosswise arranged,
preloaded piezoelectric force sensors at the top. Thus, the friction force within the cam/tappet-contact
could be determined. For lubrication, pure mineral oil FVA 3 (kinematic viscosity 95 mm/s2 at 40
◦C, viscosity index 195) was used and heated to 90 ◦C in the hydraulics-unit. Three samples of each,
polished references, as well as the microtextured and DLC-coated specimens, were tested, and the
sequence was randomized. After running in for one hour at 1000 min−1,, the camshaft rotation speed
was increased gradually from 200 to 2000 min−1, and each level was held for one minute. Measurement
values were detected at the end of each speed level. For the evaluation, we compared the maximum
friction force averaged over three samples per type and several rotations each.

To evaluate the solid friction of uncoated and coated specimens, we performed unlubricated
ball-on-disk test (K-SST, KTmfk, Erlangen, Germany) under constant climatic conditions (relative
humidity of 40 ± 5% at 23 ± 2 ◦C); noting that the specimens significantly affect the frictional behavior
under mixed lubrication typical for cam/tappet-contacts [49]. Hardened 100Cr6 bearing balls with
a diameter of 9.5 mm served as counter-bodies. The applied normal force of 10 N resulted in an
initial Hertzian pressure of 1.1 GPa. We selected this force to obtain conditions similar to those in the
cam/tappet component-tests after running in. Three uncoated and coated specimens each were tested
at the same track radii with a constant rotational sliding velocity of 1.5 m/s and a sliding distance of
1000 m. The coefficient of friction averaged between 600 and 800 m for each test run.
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2.2. Numerical Methods

For the numerical TEHL modeling of the cam/bucket tappet-contact, the full-system finite element
modeling (FEM) approach, as first presented by Habchi et al. [53], was employed. The calculation
model is part of the computation software TriboFEM, which in turn was implemented in Comsol
Multiphysics. The main physical and numerical characteristics are briefly described below.

2.2.1. Hydrodynamics

To describe the hydrodynamics, we used a generalized Reynolds equation according to Yang and
Wen [54] in a slightly modified form
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with zero pressure boundary conditions at in- and outlet was applied. Cavitation effects were addressed
using a mass-conserving model as described by Marian et al. [55]. The Galerkin least squares (GLS)
method and isotropic diffusion were used for the numerical stabilization.

2.2.2. Contact Mechanics

The elastic deformation of one body with the equivalent Young’s modulus and Poisson’s ratio
was calculated by applying the linear elasticity equation while neglecting inertia effects or body forces:

∇ · σ = 0, with σ = C · ε(U), δelastic(x, t) =
∣∣∣Uv(x, t)

∣∣∣. (2)

Zero displacement at the bottom, as well as zero normal and tangential stress boundary conditions at
the sides of the equivalent body, were applied. The effects of the coatings on the mechanical properties
were considered by calculating the respective equivalent properties in accordance with Liu et al. [56].

The lubricant film thickness equation

h(x, t) = h0 +
x2

2Rx
+ δelastic(x, t) + atexture · e

ln (
g

atexture )·[((mod(x−xstart−
t·u1
um +

dtexture,x
2 , dtexture,x)−

dtexture,x
2 ))

2
]

wtexture,x2 (3)

described the height of the separating fluid film in terms of the distance and shape of the undeformed
geometry, the elastic deformation, as well as the geometrical microtexture description.

The load balance equation ensured the equilibrium of forces,

F
l
=

∫
Ω

ptotal(x, t) dΩ =

∫
Ω
[p(x, t) + psolid(x, t)] dΩ , (4)

which also allowed the consideration of simultaneously occurring asperity contact and hydrodynamic
lubrication (mixed lubrication) by dividing the total pressure into hydrodynamic and solid contact
pressure. Therefore, a statistical approach, as presented by Zhao et al. [57], was applied, while the
implementation followed the example by Masjedi and Khonsari [58].

The dimensions of the computational domain were chosen to be large enough so that the results
of the calculation corresponded to the results obtained from an infinite elastic half-space approach.
Furthermore, a free triangular mesh with a refinement in the contact center of the upper surface
was applied.
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2.2.3. Thermodynamics

Following Habchi [59], the temperature distribution in the lubricant was described using the
energy equation including heat sources due to lubricant compression and shearing
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while the transient energy equation for the substrates and the coatings was considered as
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where i = 1 for the cam and i = 2 for the tappet. The transition between substrate, coating, and
lubricant was implemented using temperature and conductive heat flux continuity equations. Solids
and lubricant entering the calculation domain were set to bulk temperature while zero conductive heat
flux was assumed for the respective properties leaving the domain. Dimensions of the computational
domains were chosen so that the heat flux into the substrates became zero. Again, a free triangular
mesh with refinement at the boundaries between substrate, coating, and lubricant was applied.

2.2.4. Numerical Procedure

All variables were normalized on initial or Hertzian parameters. The system of EHL equations
was solved fully coupled and combined with the energy equations using an iterative procedure. A
backward differentiation formula was used for adaptive time stepping. More fundamental aspects of
the FEM of TEHL contacts are given by Habchi [59]. For further information about implementation in
the software Comsol Multiphysics, the interested reader is referred to Tan et al. [60], Lohner et al. [61],
and Weschta [62].

2.2.5. Load Cases, Material and Lubricant Properties

Relevant mechanical, thermal bulk and coating properties were chosen based on the measurement
or literature values and they are summarized in Table 2. Pressure and temperature dependency
of the lubricant was modeled according to Roelands (Sadeghi and Sui [63]), whereas a modified
Carreau-Yasuda model described the shear dependency in accordance with Bair [64]. Density was
modeled pressure and temperature-dependent according to Dowson and Higginson [65]. The relevant
lubricant properties are summed up in Table 3.

Table 2. Material properties.

Parameter Cam(100Cr6) Tappet (16MnCr5) Coating (a-C:H:SiO)

Young’s/indentation modulus E in MPa 209,000 1 216,000 2 110,000 2

Poisson’s ratio ν 0.3 1 0.3 1 0.3 1

density ρ in kg/m3 7850 1 7760 1 4655 1

thermal conductivity λ in W/(m·K) 47 1 44 1 1.1 1

specific heat capacity cp in J/(kg·K) 460 1 431 1 8263 1

dry coefficient of friction against 100Cr6 μsolid − 0.5 2, 3 0.2 2,3

1 based upon literature [41,42]. 2 based upon measurements, see Section 3.1. 3 conservative estimation compared to
measurement results in Section 3.1.
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Table 3. Lubricant properties [62].

Base Density at 90 ◦C ρ in kg/m3 840
Base Viscosity at 90 ◦C η0 in Pa·s 0.03

Pressure Viscosity Coefficient αp in Pa−1, 1.31·10−8

Roelands Temperature Coefficient βη 0.042
Critical Shear Stress Gc 0.2 η0

Carreau Parameter ac 2.2
Carreau Parameter nc 0.8

Thermal Conductivity λ in W/(m·K) 0.14
Specific Heat Capacity cp in J/(kg·K) 2000

Derived from multibody dynamics analysis (Weschta [62]), three different load cases
corresponding to the contact between the cam tip and tappet at 500 min−1 (Moes parameters M
= 9.3, L = 8.1, SRR = −2.6), 1000 min−1 (M = 6.3, L = 9,7, SRR = −2.6), and 2000 min−1 (M = 3.6, L =
11.5, SRR = −2.6), were studied within the scope of this manuscript.

For evaluation of the friction reduction mechanisms induced by microtexturing and amorphous
carbon coating, we calculated the changes in the fluid friction force from integrating the shear stress in
the middle of the lubricant film [59]

Ffluid =

∫ xoutlet

xinlet

τzx|
z=h/2

dx (7)

and changes to the solid friction force from integrating the product of solid contact pressure and the
dry friction coefficient [27]

Fsolid =

∫ xoutlet

xinlet

μsolid · psoliddx. (8)

3. Results and Discussion

3.1. Experimental Results

Representative LSM-measurements of a microtextured surface and a FIB-milled cross-section of
the amorphous carbon coating are depicted in Figure 1a,b, respectively. It can be seen that the textures
were fabricated with high shape accuracy and precision, showing well defined structural parameters
such as depth, width, and lateral distance. For the coating, we determined a thickness of approximately
2 μm, an indentation hardness HIT of 15.8 ± 0.5 GPa, and an indentation modulus EIT of 110.9 ± 3.3
GPa. Therefore, compared to the substrate (HIT = 8.3 ± 0.2 GPa, EIT = 216.5 ± 2.5 GPa), the coating was
harder, though elastically less stiff.

Since we found no significant wear after the performance of the short-term component-test, the
following evaluations refer purely to the frictional behavior. Therefore, the maximum detected friction
force was averaged for all revolutions within the respective measurement ramp of each specimen.
Subsequently, we calculated the mean values of all three samples for the reference, microtextured, and
DLC-coated tappet. Corresponding results in dependency of the cam rotation speed are summarized in
Figure 2, normalized to the polished references at the first speed level (a), and to the polished references
at each speed level (b). All specimens featured a continuous Stribeck-like decrease of friction with an
increasing camshaft speed.

A reduction of friction up to 12% compared to the references was achieved by micro-texturing. It
can be assumed that the solid–solid contact ratio was reduced during contact between the counter-body
and the texture [49]. In addition, the build-up of an additional hydrodynamic pressure can be expected.
However, friction reduction was pronounced more strongly for lower camshaft speeds, and the
measured values almost reached the reference level at higher speeds. The result matched well with
observations previously made in the literature [24]. However, since the considered cam/tappet pairing
works under mixed lubrication conditions in the whole speed range tested [49,62], the complete
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separation of rubbing surfaces, and thus, a loss of texture induced effects alone does not provide a
sufficient explanation.

Figure 2. Mean change of friction force in the cam/tappet-contact for the microtextured and DLC-coated
specimens at different cam rotation speeds compared to the polished references (a) at the first speed
level and (b) at each speed level.

For the amorphous carbon coating, a friction reduction of up to 31% was observed. Contrary to
the microtextured specimens, the coated specimens did not fully reach the reference level but featured
a significant friction decrease of at least 17% for all cam rotation speeds. As far as solid friction was
concerned, these observations could be attributed to a lower coefficient of friction as measured in
the dry ball-on-disk experiments and depicted in Figure 3a,b. However, the highest reduction was
recorded in the medium speed range. Therefore, besides surface energy and spreading parameters of
the lubricant, the shear-thinning effects induced by thermal insulation could also influence the fluid
friction behavior. However, the relative friction reduction decreased at higher speed levels.

Figure 3. Coefficient of friction of the reference and DLC-coated specimens under dry conditions (a)
over the sliding distance of one exemplary test-run and (b) as the averaged value.

3.2. Numerical Results

An overview of the computed friction force, which is normalized to the first speed level and
divided into its fraction of solid and fluid friction, is shown in Figure 4a. Furthermore, the representative
plots of the characteristic properties along the contact length at the medium speed level for the reference,
the microtextured case, and the coated case, are provided in Figure 4b–d. Similar to the experiments, a
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Stribeck-like decrease of total friction, as well as the declining fraction of solid friction and increasing
fluid friction with cam rotation speed, was observed for all cases.

Figure 4. (a) Computed solid and fluid friction force for the reference, microtextured, and DLC-coated
case, normalized total, hydrodynamic and solid contact pressure, lubricant gap, temperature, and
viscosity change for the (b) reference, (c) microtextured, and (d) DLC-coated case.

The total friction reduction from microtexturing and amorphous carbon coating was pronounced
more strongly at lower speed levels, as observed in the experiments. The first featured reduced solid
friction and increased fluid friction. Besides a local constriction in the lubricant gap and an additional
pressure increase, the trailing effects in the area behind the texture induced enlargement of the lubricant
gap, thereby reducing the overall asperity contact and solid contact pressure. Similar to other studies
reported in the literature, this could be explained by lubricant drawn out of the texture due to the
elastic deformation and velocity differences of the rubbing surfaces [40], which increased the viscosity
and built additional hydrodynamic pressure (Figure 4c). However, this also meant an increase in the
fraction of fluid friction as the lubricant became more shear-resistant. At higher speed levels, despite
the decreased solid friction, the reference and microtexturing converge due to the higher fluid friction
of the latter. On the contrary, amorphous carbon coating could reduce both solid and fluid friction.
The result was due to a lower solid friction coefficient of the coated surface and the thermal insulation
effect. Therefore, the viscosity, and thus, the shear resistance of the lubricant was reduced due to a
temperature increase (Figure 4d), which resulted from the lower thermal diffusivity of the coating.
However, at higher speed levels, the amorphous carbon coating also approached the reference level
due to the negative slide-to-roll-ratio. This outcome led to higher temperatures at the contact inlet,
and thus, lower fluid film thickness. In turn, this might even lead to an increased fraction of fluid
friction. Thus, the simulation results matched well with the literature and experimental observations.
Slight quantitative discrepancies could be attributed, for example, to simplifications in modeling the
TEHL cam/tappet-contact, such as the negligence of edge effects due to the 2D assumption, as well as
deviations in the assumed material, coating, and fluid properties from the real ones.

4. Conclusions

Tribological cam/bucket tappet component tests were performed to determine the friction
behavior of ultrashort pulse laser fabricated microtextures and PVD/PECVD deposited silicon-doped
hydrogenated amorphous carbon coatings. Within the scope of this study, a significant friction
reduction of over ten and up to thirty percent was achieved from microtexturing and amorphous
carbon coating, respectively. Furthermore, TEHL tribo-simulations acted as a ‘numerical zoom’ into the
contact area and contributed to the numerical explanation of the tribological behavior. It was shown
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that microtexturing could reduce the fraction of solid friction while increasing fluid friction. The result
was due to trailing effects with lubricant being emitted from the texture, locally increasing viscosity,
enlarging the lubricant gap and reducing asperity contact. The effect resembled a counterclockwise tilt
of the Stribeck curve. Contrarily, amorphous carbon coatings could reduce solid and fluid friction,
which could be interpreted as a shift of the Stribeck curve to the lower left. This was due to lower
dry friction and lower thermal inertia of the coating. It should be noted that the change in frictional
behavior induced by the studied surface modifications was highly dependent on application conditions.
For example, potentially positive effects could be consumed in the case of microtextured contacts with
higher sliding speeds or in the case of amorphous carbon coatings in contacts with opposing moving
surfaces at high velocities. Therefore, the TEHL simulations can be used as preliminary studies to
estimate the effects of such surface modifications on the tribological behavior in each case. However,
this study showed the potential of both microtexturing and the application of amorphous carbon
coatings to improve the energy efficiency of the cam/tappet-contact in a wide range of rotational speeds.
However, the results are certainly not limited to the investigated application in combustion engines,
as the findings can also be considered for the optimization of other tribological contacts such as in
electric vehicles.
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Nomenclature

ac Carreau parameter
atexture micro-texture amplitude
bHertz Hertzian contact half-width
cp specific heat capacity
C compliance matrix
dtexture micro-texture distance
E Young’s modulus
EIT indentation modulus
F normal force
Ffluid fluid friction force
Fsolid solid friction force
g zero level correction parameter
Gc critical shear stress
h lubricant gap
h0 rigid body motion
HIT indentation hardness
l cam width in y-direction
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L Moe’s dimensionless material properties parameter
M Moe’s dimensionless load parameter
nc Carreau parameter
p hydrodynamic pressure
pHertz Hertzian contact pressure
psolid solid contact pressure
ptotal total contact pressure
R equivalent radius
SRR slide-to-roll ratio
u1 sliding velocity of body 1
u2 sliding velocity of body 2
um mean hydrodynamic velocity
Uz displacement in z-direction
t time
T temperature
wtexture micro-texture width in x-direction
x, y, z space coordinates
xstart starting position of the micro-texture in x-direction
αp pressure viscosity coefficient
βp volume expansion coefficient
βη Roelands temperature viscosity coefficient
δelastic elastic deformation in z-direction
ε strain tensor
η lubricant viscosity
η0 lubricant viscosity at reference state
λ thermal conductivity
μsolid solid friction coefficient
ρ density
σ stress tensor of the equivalent body
τzx shear stress
υ Poisson’s ratio
Ω computational domain
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Abstract: Rough surfaces are in contact locally by the peaks of roughness. At this local scale, the
pressure of contact can be sharply superior to the macroscopic pressure. If the roughness is assumed
to be a random morphology, a well-established observation in many practical cases, mechanical
indicators built from the contact zone are then also random variables. Consequently, the probability
density function (PDF) of any mechanical random variable obviously depends upon the morphological
structure of the surface. The contact pressure PDF, or the probability of damage of this surface can be
determined for example when plastic deformation occurs. In this study, the contact pressure PDF
is modeled using a particular probability density function, the generalized Lambda distributions
(GLD). The GLD are generic and polymorphic. They approach a large number of known distributions
(Weibull, Normal, and Lognormal). The later were successfully used to model damage in materials.
A semi-analytical model of elastic contact which takes into account the morphology of real surfaces is
used to compute the contact pressure. In a first step, surfaces are simulated by Weierstrass functions
which have been previously used to model a wide range of surfaces met in tribology. The Lambda
distributions adequacy is qualified to model contact pressure. Using these functions, a statistical
analysis allows us to extract the probability density of the maximal pressure. It turns out that this
density can be described by a GLD. It is then possible to determine the probability that the contact
pressure generates plastic deformation.

Keywords: surface; roughness; failure analysis; contact modeling; statistic approach

1. Introduction

Surface integrities has been a growing field over the last 30 years. During contact, stress can
induce fractures, scratches and micro-cracks influencing operational life, secular stability and coating
quality [1–4]. Rough surfaces are locally and sparsely in contact, essentially at roughness peaks.
At this specific scale, the contact pressure can be sharply superior to the apparent or macroscopic
pressure. In numerous practical cases, the roughness is a random morphology. So it becomes obvious
to integrate the surface morphology as a random process to compute the local pressures as a probability
density function (PDF). Then, the probability of damage on the surface can also be computed from
macroscopic material properties. Greenwood pioneered the first rough contact model in 1966 [5] on a
pure elastic contact to explain that the real area of contact between asperities can be proportional to
the load. One advantage of this model is that it becomes possible to measure macroscopic features
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taking account some roughness parameters measurements. The rough surface is presented as a set of
uncorrelated rough peaks with spherical tips of constant radius of curvature. Thus, for each asperity,
Hertz’s theories can be then applied. Greenwood assumed that the heights of the asperities varied
randomly with known PDF without lack of generality but analyzed analytically and numerically the
exponential and Gaussian PDFs. In his paper, roughness estimators used to compute these PDFs and
PDF itself are considered as perfectly known i.e., adequation between the theoretical model fit perfectly
with experimental data and estimator are supposedly known, meaning that there are calculated one
an infinite surface. These two strong assumptions are intensively used in all modelling on rough
surfaces (optics, mechanics, thermal, biology . . . ). However, four years after this pioneering work,
Greenwood treated the problems of the first contact point of an asperity [6]. A sentence written
marginally by Greenwood is of major interest: “ . . . Some arguments arise from confusion between a
sample and a population . . . ” and points to the problems of sampling variations. For the first time
(in Appendix A of Greenwood’s publication) the extreme values theory is applied but restricted to
the case when estimators of the parent distribution are perfectly known. Different distributions are
discussed and the role of the spread of the distribution emphasised. It is pointed in this article that
the first contact determination is experimentally a difficult task due to the lack of knowledge’s of the
reference point. About the remarks of T. R. Thomas, R. M. Baul and W. Scott, Greenwood recognized
that more experimental evidence is needed on the tails of height distributions to settle the question of
whether heights are truly Gaussian or not. In 1972, Tsakada et al. [7] introduce a method to determine
the highest point of ground surfaces (the extreme value of surface roughness). As pointed by the
authors, the probability density function of surface asperity has always been assumed to be a normal
distribution. However, Tsakada showed the Weibull distribution gives a better approximation to
characterize the extreme value of rough surfaces and estimate experimentally that the extreme value
of surface asperity coincides with the value calculated by the Weibull distribution that represent one
of the extreme statistics of PDF. Curiously, since Tsakada’s article, it has become difficult over nearly
four decades (1970–2010) to find in the bibliography an article presenting the relationships between
extreme values of roughness and the problematic of contact mechanics. In 2009, Zwol et al. [8] showed
that the point at which two random rough surfaces in a plate-plate contact takes place at the contact
of the highest asperities and has a crucial importance for determination of dispersive forces. This
uncertainty depends on the roughness of interacting bodies but authors no not used extreme values
theory to model this effect. In 2012, Broer et al. [9] used explicity extreme values statistics to calculate
the Casimir force at separations linked to the root-mean square of the height fluctuations of the two
rough surfaces. Applied on gold samples, they showed the presence of peaks considerably higher than
the root-mean-square roughness. These peaks redefine the minimum separation distance between the
bodies and can be described by extreme value statistics. Ponthus et al. [10] show that the statistical
properties of the normal motion’s amplitude are well captured by a simple analytic model based
on the extreme value theory framework, extending its applicability to sliding-contact-related topics.
A complete analysis of extreme values applied on friction between rough surfaces is undertaken by
Melekan and Rouhani [11]. They proposed a model based on extreme value statistics and combine it
with different models for single-asperity contact, including adhesive and elasto-plastic contacts, to
derive a relation between the applied load and the friction force on a rough interface. They show that
extreme values probabilities of peak asperities can better fit the contact features of Greenwood models,
closest to Amonton’s law.

2. Materials and Methods

2.1. Simulation of Rough Surfaces

In a first step, surfaces are simulated using Weierstrass functions. A set of real surfaces are created
presenting a wide range of surfaces met in tribology [12,13]. The three dimensional fractal Weierstrass
surfaces are defined as [14]:
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W(x, y) = A
∞∑

n1=0

∞∑
n2=0

an1,n2

γ
n1+n2

2

(γ2n1 + γ2n2)
H+1

2

cos(2πγn1 +ϕn1,n2)cos(2πγn2 + Ψn1,n2) (1)

where ϕn1n2 and Ψn1n2 are stochastic phases of uniform density defined in [0, 2π].
A is a scale coefficient, an1,n2 are normal random numbers, H is the Hölder exponent (H ∈ [0, 1]),

γ is the frequency of the function with γ > 1.
The functions plotting for fractal dimension Δ = (2, 2.5, 3) i.e., H = (1, 0.5, 0) are shown in

Figure 1.

H = 1 H = 0.5 H = 0 

  
Figure 1. Simulated surfaces (1024 × 1024) following Weierstrass distribution with three different Hurst
exponents (1, 1

2 , 0) from left to right.

2.2. Semi-Analytical Model

In this approach, a rough hard surface is in contact with a perfectly smooth rigid plane. In this
case, local contacts are localized at the surface peaks. We consider the approximation of geometric
contacts where elastic deformation between asperities is neglected.

2.2.1. Conical Model of Roughness

The roughness is modeled by a succession of indenters with a distribution of attack angles. Each
asperity is described by a cone with a hemispherical end tip. The definition of the average deformation
is introduced by taking into account the average attack angle of the roughness β. The indentation by
an axi-symmetrical indenter allows estimating the stresses and strains applied in the indented material.
For conical tip geometry [15], the mean pressure is related to the attack angle β of the tip. Following
the pressure supported by the summit, we can distinguish three regimes of deformation. In the case of
an elastic contact, the mean pressure (mp) undergone by the asperity can be written [16]:

pm = 0.2 E*tan β (2)

where E* stands for the combined Young’s modulus of the two surfaces in contact given by 1
E∗ =

1−ν2
1

E1
+

1−ν2
2

E2
, Ej and νj are respectively the Young modulus and the Poisson’ ratio relative to surface j.

2.2.2. Solution Procedure

The local behavior of each asperity is investigated numerically by the analysis of the local peak
geometry. The local area of the contact Aj between an asperity j and the plane is assumed elliptic,
having semi-axes aj and bj, Aj is given by:

Aj = πajbj (3)

For numerical purpose, the local area Aj is discretized into N elements cji (i = 1, 2, . . . N). The local
pressure distribution on each asperity j, is given by:
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where pjm is the mean pressure associated with asperity j. The normal force Fj exerted on the asperity j
is given by the following relation:

Fj =
∑

i

cjipi (5)

The total load supported by summits is thus:

F =
m∑

j=1

Fj (6)

where m is the total number of asperities in contact.
Figure 2 is a flowchart for the contact calculation program. The three-dimensional surface

topography is directly sampled by the computer-generated surface topography.
The surface topography is characterised by N × M points. Each point of the coordinates (x,y)

has a height z. Data are saved in binary format and are used as input for a three dimensional surface
topology detection algorithm [17,18]. The latter is used to determine the position and the peak of each
asperity. For each point i located at (xi,yi) of amplitude zi (denoted by zi(xi,yi)), the difference Δz(xi,yi)
= zi(xi,yi) − z(xs,yr) is calculated and compared to the heights of the eight neighboring points in the
Cartesian grid where s = i − 1, i, i + 1 and r = j − 1, j, j + 1. If all Δz(xi,yi) > 0, z(xi,yj) will be regarded as
the asperity peak.

Figure 2. Flowchart for the numerical calculation of the pressure field.

For a given initial separation d, the local displacement dj, the local contact area Aj, and the average
attack angle βj of each asperity can be determined. These parameters allow the distribution of the
pressure and the real contact area undergone by the roughness to be determined. For a macroscopic
displacement, the two surfaces are progressively brought to contact with several displacement

46



Coatings 2020, 10 , 15

increments Δd of the smooth rigid plane. The displacement is interrupted when the resulting effort F
reaches the imposed normal effort FMAX (i.e., the convergence of the numerical software is reached).

2.2.3. Pressure Distribution

The model is applied on the three surfaces defined on Figure 1. The macroscopic pressure is equal
to Pm = 20 MPa, using Young modulus E = 210 GPa. Surface are normalized such with their r.m.s.
roughness Rq = 50 μm on a 1 mm2 surfaces discretized over 1024 points in each direction. Figure 3
represents the pressure distribution for the three surfaces, respectively, described in the Figure 1.

H = 1 H = 0.5 H = 0 

Figure 3. Results of the pressure distribution for the three surfaces described in Figure 1 with 3
Hurst exponents.

3. Results

3.1. Probability Density Functions (PDFs)

As described in the introduction, the pressure is stochastic. Its PDF depends on the roughness’s
PDF. In our case, we decide to directly model the pressure without taking account directly the roughness
in the computation. Taking the pressure map, pressure distribution is supposed to be stationary in the
spatial scale. This means that peaks morphology do not depends on space in average. Under these
conditions, the probability density function do not depends on positions x and y and thus becomes
one-dimensional. However this probability density function can be split into two parts. Let α be the
probability to meet a zero pressure (no contact) then the probability of meeting a non-zero pressure is
equals to 1 − α. The PDF can be written:

PR(p) = αδp=0 + (1− α)G(p) (7)

δp=0 is the Dirac function localized on p = 0, and G(p) is the PDF associated with continuous non
zero pressure.

In practice, only G(p) is required to compute the contact pressure. Moreover, primary hypotheses
linked to spatial homogeneity of date are problematic to evaluate. Furthermore, the selection of PDF is
frequently associated to the authors’ modelling backgrounds or the suitability of the PDF to adjust
adequately the data under study. Moreover, the retained distributions are poorly compared between
others distributions and rarely checked by statistical tests of goodness of fit. In this paper, the maximum
pressure PDF, a major interest in contact mechanics, will be modelled which is why the statistics of the
extreme value theory will be applied. However, the application of classical extreme value analysis
could have significant limits. As the most commonly used Gumbel and Generalized Extreme Value
(GEV) methods [19] include inferred parental PDF constrained by mathematical assumptions, we
suggest another way to circumvent the need for a priori hypothesis.

Our approach is a combination of the Generalized Lambda Distribution (GLD) and the
Computer-Based Bootstrap Method (CBBM). Unlike the Gumbel and GEV models, which incorporate
the statistical properties of the parent PDF, the GLD and the CBBM both have the common benefit
of bypassing the preconceived choice of a well-known theoretical PDF that would approximate the
physics of contact mechanisms.
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It should be noted that GLD’s are extremely flexible due to their capacity to adopt a wide spectrum
of shapes, including common unimodal distributions. GLD’s are defined by four parameters and
can thus correspond to the first four moments of the experimental data (mean, variance, asymmetry,
kurtosis) and also include asymptotic properties on the extreme values (tails extended to infinity or
truncated, on either or both sides).

In the field of surface integrities, there are a multitude of known statistical distributions that model,
using more or less well-founded simplifying assumptions, the damage mechanisms. For example, the
normal law is often used to model static mechanical properties (stiffness, plasticity), Weibull’s laws
for cumulative damage mechanisms (fatigue, corrosion), lognormal laws the distribution of defects
(porosity density), Gumbel’s law the distribution of critical defects (pitting), Pareto’s law the fracture
values at interfaces (toughness) and all these distributions are well model by GLD [20,21]. The quality
of fit obtained with the GLD’s is especially notable in the region of the right tail of the empirical PDF,
which is of interest to the extreme values of the pressure distribution described in this paper. For
several years, one of the author of the present paper has been developing the use of this flexible family
of PDF in the field of Materials Science [22–24] and also in Statistical Process Control [25,26].

The principle of statistical modelling of extreme contact pressures is a four-step process. In the
first step, the distribution of contact pressures is modelled by the semi-analytical model for calculating
local pressures corresponding to an experimental distribution of n pressure values. In a second step, a
bootstrap (CBBM) is applied to generate a large number of k sets of n pressure data. In a third step, k
GLD are modeled from the k*n bootstrapped data. Finally (step 4), for each of the k GLD, the extreme
values are estimated and the histogram of extreme values (probability density of extreme values) is
constructed. From this empirical density, the mean of the maximum pressure and a 90% confidence
interval can be estimated.

3.1.1. Basic Concept

The GLD family is specified in terms of its inverse distribution function with four parameters (λ1,
λ2, λ3 and λ4):

QX(y) = λ1 +
yλ3 − (1− y)λ4

λ2
(8)

The parameters λ1 and λ2 are, respectively, the location and scale parameters, while λ3 and λ4 are
related respectively to the skewness and the kurtosis of the GLD with 0 ≤ y ≤ 1 (see [25,26] for details).
The PDF fx(x) is obtained from the inverse distribution function of Equation (8):

fx(x) =
λ2

λ3yλ3−1 + λ4(1− y)λ4−1
(9)

where y is the solution of the equation QX(y) = x which can be solved numerically.
Equation (9) defines a valid PDF if and only if QX meets the following conditions:

⎧⎪⎪⎪⎪⎨⎪⎪⎪⎪⎩
fx(x) ≥ 0,∀x ∈ D
+∞∫
−∞

fX(x)dx = 1
(10)

where D is the domain of definition of QX.

3.1.2. Numerical Estimation of Pressure PDF

An algorithm was developed using the Statistical Analyses System (SAS) language to compute
the GLD parameters from an experimental dataset (in our study, moment method is used). Applied on
the pressure described on Figure 3, the value of λ1, λ2, λ3, λ4 are computed from the four moment
estimators α̂1, α̂2, α̂3, α̂4 (Table 1).
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Table 1. Values of the fourth moments and the generalized Lambda distribution (GLD) parameters for
the three pressure corresponding to the Hurst exponent of H = 0, 0.5 and 1 (Figure 3).

Moments GLD Parameters

H α̂1 α̂2 α̂3 α̂4 λ1 λ2 λ3 λ4

1 1108 213 0.687 3.03 1307 9.2 × 10−4 0.276 0.032

0.5 1369 199 0.702 3.41 1509 8.1 × 10−4 0.181 0.041

0 1724 193 0.874 5.62 1789 2.6 × 10−4 −0.018 −0.034

Figure 4 presents the PDF of the GLD corresponding to the PDF of contact pressure computed
from surface topography (Figure 3, Table 1). GLD fits very well contact pressure computed from
experimental surface topography.

H = 1 H = 0.5 H = 0 

Figure 4. Plots of the GLD probability density functions and empirical histograms parameters for the
three local pressures corresponding to the Hurst exponent of H = 0, 0.5 and 1.

3.1.3. Bootstrap Protocol

Efron [27,28] introduced first the Computer-Based Bootstrap Method (CBBM) to avoid the risk of
asserting wrong conclusions when analysing experimental data that transgress inference assumptions
of the traditional statistical theory. A main reason for making parametric assumptions is to facilitate
the derivation from textbook formulae for standard errors. Based on the mathematical resampling
technique, the main principle of the CBBM consists in generating a high number B of simulated
bootstrap samples from the original data points. The original dataset consists of either experimental or
simulated points. A bootstrap dataset of pressures of size n, noted (p*1, p*2, . . . , p*n), is a collection of n
values simply obtained by randomly sampling with replacement from the original pressure data (p1,
p2, . . . , pn), each of them with a probability of 1/n. The bootstrap dataset thus consists of elements of
the original data points; some appearing zero times, some appearing once, some twice, etc.

Applied on the surface H = 0.5, probability density functions of Lambda coefficients can be plotted
(Figure 5).

Figure 5. Cont.
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Figure 5. Plots of the probability density functions of the four GLD parameters obtained from 1000
bootstraps for the Hurst exponent of H = 0.5.

3.2. Maximal Pressure Probability Density Functions

3.2.1. Formulation

The density function, Pmax, of the maximal pressure distribution corresponding to the GLD
(Equation (8)) is given by the inverse distribution function of this distribution, Qmax:

Qmax(v) = λ1 +

(
v1/n

)λ3 −
(
1− v1/n

)λ4

λ2
(11)

With density function, f is:

f (x) =
1

Q′max(F(x))
(12)

where Q’ is the derivative of Q and F the cumulative distribution function (CDF) of the Q PDF (i.e., F
= Q−1). Thus, the Pmax function is evaluated for any pressure value x by numerically inverting the
Qmax function as well as the density function Pmax. To plot the Pmax function, one first computes the
quantile function QX with set of y lying in [0, 1] interval. The probability to have a maximal pressure
less than f

(
pmax

l

)
then equals Pr

(
p < pmax

l

)
= yn

(
pmax

l

)
. To obtain the density function f

(
pmax

l

)
, one can

finally numerically derive:

f
(
pmax

l

)
=

∂y

∂yn
(
pmax

l

) (13)

As it can be observed on Figure 6, when the fractal dimension of the surface increases, the maximal
local pressure increases. This is due to the fact that peaks become smaller for low Hurst exponents
which drastically increase the local pressure and then the local probability of damage. Bowden and
Tabor [29], assumed that in order for the bodies to slide relative to each other, the asperities are
plastically deformed; i.e., the mean pressure corresponds to its hardness (and also near three times the
yield pressure of the material). If one supposes for example that the hardness of the material is equal
to 2050 MPa, then for H = 1, the probability of damage is impossible, for H = 0.5 this probability is
equal to 1% and for H = 0 the probability of surface damage is one meaning that damage is certain.

3.2.2. Numerical Validation

To validate the proposed protocols, one hundred surfaces are simulated and the experimental
extreme values are extracted and compared to the PDF distributions of the maximal pressure. The
Figure 7 represents the 90% confidence intervals of modeled data by the Lambda distribution versus
the experimental values.

50



Coatings 2020, 10 , 15

Damage threshold 2050 MPa 
H = 1 H = 0.5 H = 0 

Figure 6. Plots of the GLD probability density functions and empirical histograms parameters for the
three local maximal pressures corresponding to the Hurst exponent of H = 0, 0.5 and 1.

Figure 7. The 90% confidence intervals of modeled data by the Lambda distribution for the maximal
pressure versus the pressure data values. The straight line represents y = x.

If the lambda distribution correctly fits the data, then the difference between the experimental
data will be statistically equal to zero. To appreciate this hypothesis, the histograms of these differences
are plotted for 100 surfaces (Figure 8). As is often the practice in statistics, the threshold of 95% is
chosen to test the null value of the difference. Over all the one hundred surfaces, the null values is
never rejected meaning that the lambda distribution describe correctly the extreme surface pressure.

Figure 8. The 90% confidence intervals of modeled data by the Lambda distribution for the maximal
pressure versus the values predicted by the local contact model.
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4. Experimental Validation

It is quite problematic to validate the proposed model experimentally. Indeed, the principle of our
modeling of extreme pressure values is to look at the distribution of local pressures obtained from
discretized mapping, then to search a polymorphic density model that then allows us to evaluate
extreme pressure value. This extreme pressure value then gives a lower limit of the yield strength of
the future material guaranteeing no plasticification on the investigated contact area. In our simulation,
in order to stabilize the high variability of the probability density of pressures, 100 contact simulations
are performed to determine a robust density of the GLD parameters of the contact pressures and its
associated bootstrap estimators (see Figure 5). Numerically the convergence and robustness seem to
be achieved with these 100 simulations on 100 different topographies. This clearly shows that it is
necessary, in order to validate the proposed model, to perform 100 plane/contact surface indentation
experiments, which will then give us a correct estimate of the maximum plastification stress. It should
be noted that in the bibliography, many authors limit themselves to measuring only one surface to
determine the average contact pressure, which cannot be enough to determine the maximum contact
pressure. The experimental determination of extreme values will, therefore, require an automated
process of plane/rough surface indentation. Indentations experiments will not directly estimate
local contact pressure, but an average pressure and an estimate of the first contact of the peak of
maximum amplitude and its spatial location. Beyond this metrological problem, another problem,
often encountered in the bibliography proposing plane/rough surface indentation is the difficulty of
morphologically quantifying whether a peak has plastified. Admittedly, if the surface has a fairly high
percentage of plastified peaks, it becomes possible to estimate statistically the rate of plastification
(Dowson reference), but it remains difficult to determine experimentally the peak that has the first
plastified (flatness problem, elastic return, metrological errors of the topographic measurement . . . ).

However, it is essential to validate the proposed methodology. In fact, our model is based on the
probability of having the first peak that plastifies and to associate its contact pressure. The criticisms of
our methodology that can be formulated are on the one hand, a simplistic model of contact simulation
(justified by the large number of high-resolution simulations, discretization necessary to capture the
morphology of the highest peaks) and on the other hand the difficulty of validating this methodology
by a reasoned approach. To have a less critical modeling of the material’s behavior, finite element
simulation seems tempting but remains complex at the level of elementary numerical operations. Even
if this would prove possible in a reasonable time of calculations with the resolutions proposed in
this article, it would prohibit us from future investigations on larger topographic resolutions (e.g.,
multi-fractal surfaces). Therefore, it is necessary to validate our approach without having to simulate
our methodology by replacing our semi-analytical calculation with an MEF method. It is therefore
necessary to build a methodology independent of the contact simulation method to validate the
plasticification of extreme roughness and to associate them with a localized contact pressure without
recourse to numerical calculation. For this purpose, we will have recourse to the nano-indentation
test with of a Berkovich indentor. The nano-indenter continuously monitors the evolution of the
tip depression with the indentation charge during the charging and discharging phases to observe
the plastic and elastic response of the material. The tip used on our equipment is a Berkovich tip
(pyramidal geometry with a triangular base). The indenter Berkovich is a three-sided pyramid, whose
base is an equilateral triangle. The faces have an inclination of 65.3◦ with respect to the vertical axis.
This homothetic geometry, therefore, makes it easy to identify the plasticized area by indentation. This
homothetic geometry therefore makes it easy to identify morphologically the plastic area. A sample of
the TA6V (MTS NanoIndentor) previously polished with 80 grade abrasive paper to obtain a rough
surface is indented. Then the indentation print is recorded by atomic force microscopy (Bruker).
Figure 9 (left) shows the topography where the angles of the indenter in plastic contact are visible.
The non-indentated roughness has an Sa of 36 nm and the side of the impression in contact is equal to
18 μm.
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Experimental Results 
AFM Measurements Roughness: Sa = 36 nm Indentation print: A = 18.0 μm 
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Figure 9. Nano-Indentation of TA6V samples (left), roughness extraction (center), indentation print
measurements (right).

To carry out the simulation, we calculated the fractal dimension as well as the roughness (Sq),
it was then possible to simulate a rough surface with the same property. Note that the summation
of the function is limited in high frequencies to represent the beginning of the fractal regime of the
roughness measured by AFM. Then the nano indentation test was simulated by an elasto-plastic model.
Figure 10 shows the simulation of the indentation on the simulated rough surface (plastic zone is
raised on the topographical map). The Sa of the simulated surface is closed to the experimental surface
(Sa = 38 nm against Sa = 36 nm). This result shows that topographical simulation by the Weierstrass
function leads to realistic rough surfaces. The elasto-plastic simulation shows a similar value on the
indentation length 17 μm which validates our simulation model approach.

Elasto-Plastic simulation 
3D Indentation Map 
Plastic zone is raised 

3D Topographical Map 
Sa = 38 nm 

Indentation print  
A = 17.1 μm 
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0.10

0.15
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0.25

Figure 10. Elasto-plastic simulation of TA6V material (left). To visualize the plastified area and frontier
elastic/plastic deformations, the plastic area is raised through the elastic area. At the center, roughness
extraction simulated by the 3D Weierstrass function and indentation print of simulated indentation
print is shown on the right.

We will then postulate that at the elastoplastic transition boundary (see Figure 11 left) the pressure
field is continuous due to the given shape between the surface and the indenter. This means that
this boundary defines the transition zone and, therefore, the contact pressure is equal to the elastic
limit of the materials. As a result, this boundary topography allows us to calculate the probability
density function of asperities height at the beginning of plasticification. Figure 11 (center) represents
this probability density function for the simulated and experimental plasticification frontiers for a
given roughness height. As can be observed, the densities between the experimental and simulated
measurement are quite close. It then becomes possible to determine the probability density of surface
integrity (Figure 11, right). The experimental and simulated data are consistent, which validates the
robustness of the simulation on a rough surface to detect local areas of first plastification.
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Frontier elastic/plastic deformations 
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Figure 11. Frontier elastic/plastic deformations from elasto-plastic simulation of TA6V material (left).
Probability density function of maximal roughness amplitude at plastification obtained from both
simulated and experimental nano-indentations (center). Probability density function of surface integrity
(right). 100% of integrity means that pass over a maximal peak amplitude of 0.43 μm, no plastification
will occur).

5. Conclusions

In this paper, we proposed and exposed the principle of a statistical workflow to be applied to the
analysis of rough surfaces in order to predict the statistics of contact pressure from roughness analysis.
By means of the proposed functions, a statistical protocol allows us to extract the density of probability
of the maximal pressure of a rough surface. This estimate is based upon a classical hypothesis of local
elastic response of roughness peaks. The detailed validation of the proposed methodology could either
involve contact pressure experimental measurements or numerical simulations taking into account the
elastic interactions between peaks in future developments. The probability density of local contact
pressure is described well by a GLD density function. Then, it is possible to determine the probability
that the pressure of contact generates a plastic deformation from the analysis of the roughness statistics.
The proposed methodology has been applied to numerically generated surfaces, but could also be
adapted to the topography analysis of experimental ones. The influence of the sample size on this
probability distribution variation can then be taken into account. From a statistical consideration,
it should then become possible to plan the failure density of probability at a higher scale than the one
use for scanning the sample. However, the uncertainties of measurements must be integrated to build a
reliable probability density function of failure. The more experimental scanned surfaces, the better the
prediction. Conversely, if the number of scanned surfaces is too weak, the elastic limit of the material
must be increased to guarantee, with a fixed probability, the integrity of the structure, in order to get no
damage of the structure by plastic deformation. The choice of the number of surfaces to be measured
will become a compromise between the cost of the measure, the charge of the over-quality and the
failure price. The workflow proposed in this paper, could contribute to finding the best traid-off and
search for an optimal strategy in material elaboration.
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Appendix A. The MultiScale Formulation of the Probability of Failure

The probability of failure will depends of the apparent surface area. If a one increases area, one
increases the probability of having a higher pressure. If one suppose that the surface is ergodic, then
double the surface area is equivalent to double the number of points of pressure in the pressure lambda
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PDF that stay unchanged according to ergodicity assumption. However, the extreme value PDF that
depends on the number of sample points will change and becomes:

Pr
(
p < pmax

l

)
= ykn

(
pmax

l

)
(A1)

where k > 0 is the surface magnification factors, i.e., the predicted surfaces such S = kS0 where S = kS0

is the initial surface from which pressure PDF is evaluated.
Let Pr(S0, k, Pd) the probability of surface integrities, then one computes by integration on the

initial PDF that is y(Pd) and one finally get the multiscale PDF of surface integrities:

Ln(Pr(S0, k, Pd)) = nkLn(y(Pd)) (A2)

The Figure A1 (left) represents the multi-scale probabilities function of surface integrity versus
surface area. This means that increasing the area of investigation compared to initial area increase
the probability to find a higher maximal pressure. It becomes then possible to predict the maximal
pressure assuring the integrity of a fixed area at a critical level α with only a measure on a lower surface
area (Figure A1 right).

Multi-scale Probabilities Function of Surface 
integrity versus Surface Area 

Probability of failure versus the size area at a 
probability  

  
(a) (b) 

Figure A1. (a) Multi-scale Probabilities Function of Surface integrity versus Surface Area; (b) Probability
of failure versus the size area at a probability.
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Abstract: Fe-based amorphous coatings were prepared on the surface of 45 steel substrates via
supersonic plasma spraying and laser cladding. The corrosion and wear behavior of the two
different coatings were investigated. Compared with supersonic plasma spraying, laser cladding
resulted in coatings with a relatively denser structure, lower porosity, less cracks, and a good
metallurgical bond with the substrate. Thanks to these properties, coatings produced by laser
cladding exhibit a higher ability to resist uniform corrosion and better friction and wear performance
than plasma-sprayed coatings.

Keywords: amorphous coating; laser cladding; supersonic plasma spraying; microstructure; corrosion
resistance; wear resistance

1. Introduction

Amorphous materials exhibit excellent properties compared to crystalline materials because they
do not have crystal defects, such as grain boundaries and dislocations [1]. Among metallic glasses
(MGs), Fe-based MGs have attracted worldwide interest since the discovery of their high strength
and hardness, excellent corrosion resistance and wear resistance, and relatively low material cost [2].
However, their engineering application is limited by their brittleness at room-temperature, size impact,
and limited amorphous forming ability [3–5]. Amorphous coatings based on Fe-based MGs systems
prepared via different methods on substrates can overcome some drawbacks, especially improving
corrosion resistance and wear resistance of some materials [6]. Compared with 316 stainless-steel
and Ni-based super-alloys, Fe-based amorphous coatings display corrosion resistance in complex and
harsh marine environments [7–11]. These studies clearly indicate that Fe-based amorphous coatings
can provide a higher and broad resistance to both general and localized corrosion, which is promising
for their applications in ships in a marine environment, in nuclear fuel containers, in the oil and gas
industries, in power stations, etc. [12,13].

Fe-based amorphous coatings fabricated using the supersonic plasma spraying technology and
laser cladding technology are promising materials because of their low cost, high hardness, and good
abrasive wear and corrosion resistance and may thus be developed to provide both corrosion and
wear protection [14]. However, Fe-based amorphous coatings prepared via these two methods have
different properties. It has been found that the thickness of Fe-based amorphous coatings prepared
via plasma spraying can reach 200 μm, the bonding strength can be 60 MPa, and the porosity, related
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to the flow of argon during spraying, can be 2%–3% [15–17]. Laser cladding as a method to prepare
amorphous coating is characterized by laser energy concentration, low heat input, and rapid melting
and cooling. It has been shown that laser cladding produces coatings with a complete amorphous
structure in the middle of the cladding layer, hardness of 1270 HV, and good corrosion resistance.
As the laser scanning speed increases, the cooling rate of the coating increases, and the amorphous
content of the coating increases. When the scanning speed exceeds 45 mm/s, the amorphous content
in the cladding layer reaches about 45% [18–21]. Ye et al. [22] used the laser cladding technology to
prepare amorphous coatings on the surface of 304 stainless steel with high amorphous content. The
wear resistance of the amorphous coatings was 10 times higher than that of crystalline materials.

In a previous study on corrosion and wear, some different properties of Fe-based amorphous
coatings were reported. Amorphous coatings prepared via supersonic plasma spraying technology
show higher amorphous content, but the bonding strength is low, and pores and microcracks are present
inside the coatings, which seriously affect their application [15–17,23]. Preparing amorphous coatings
with laser cladding can solve the problems of low bonding strength and high porosity. However,
since laser cladding completely melts amorphous powders and then cools and solidifies them to form
coatings, the amorphous content of the coatings is low, and thermal stress and residual stress present
inside the coatings easily generate cracks during rapid cooling [24,25]. This affects the development
and application of amorphous coatings.

In this paper, supersonic plasma spraying and laser cladding were used to prepare Fe-based
amorphous composite coatings on the surface of 45 steel substrates. We studied the microstructure,
corrosion resistance, and friction wear of the coatings and compared and analyzed the performances of
the two processes. Our results provide a basic guide for their practical application.

2. Experimental Materials and Methods

The substrate material was 45 steel with gauge dimensions of 100× 80× 8 mm3. The composition of
the 45 steel is shown in Table 1. The alloy powder was amorphous FeCrMoCB produced by Liquidmetal
Company, Lake Forest, CA, USA, with a particle size of 26–70 μm. The nominal composition of the
amorphous powder is shown in Table 2. The structures of the FeCrMoCB amorphous powder and the
coatings were investigated via X-ray diffractometry (XRD, PHILIPS X’ Pert MPD, Amsterdam, The
Netherlands) with Cu-Kα radiation. A continuous scan mode was used to scan in a 2θ range of 20◦–80◦.
The morphologies of the samples were established via a Quanta450FEG scanning electron microscope
(SEM, FEI Company, Hillsboro, OR, USA) equipped with an energy-dispersive spectroscope (EDS).

Table 1. Chemical composition of the 45 stainless-steel substrate (wt %).

Element C Si Mn P Cu Ni Cr S Fe

wt % 0.44 0.21 0.53 0.028 0.02 0.01 0.03 0.007 Bal.

Table 2. Chemical composition of the cladding material (wt %).

Element Cr Mo C B Fe

wt % 25 20 3 3 Bal.

Figure 1 shows the particle size of the powder particles, and the diffuse peak (inset) represents the
amorphous phase, indicating that the powder used in this experiment was completely amorphous.
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Figure 1. Typical SEM image and XRD analysis (inset) of FeCrMoCB amorphous metallic alloy powder.

Before plasma spraying, the substrate was smoothed with sandpaper, cleaned with acetone to
remove oil pollution on the surface, and finally dried in air. DH-2080 supersonic plasma spraying
equipment (Shanghai Dahao Dahao Company, Shanghai, China) was used for the experiment. Table 3
lists the plasma spraying parameters used in this study. After spraying, the sample was cut into a
block with a size of 10 × 10 × 8 mm3.

Table 3. Plasma spraying parameters.

Argon Flow
(L/min)

Hydrogen
Flow

(L/min)

Voltage
(V)

Current
(A)

Powder
Feed

(g/min)

Spray
Distance

(mm)

Spray
Thickness

(mm)

160 20 140 370 30 120 0.2

The laser cladding heat source used a 4000 W high-power fiber-optic laser and a coaxial powder
feeding method for single-layer single-pass cladding. Table 4 lists the laser cladding parameters. Argon
protection was applied during the cladding process with a gas flow rate of 25 L/min. After completing
the cladding, a 10 × 10 × 8 mm3 sample was cut along the laser scanning direction. The surface of
each specimen was mechanically polished to a mirror finish. The morphology of the corrosion of the
sample was analyzed with a Quanta450FEG SEM.

Table 4. Laser cladding parameters.

Laser Wavelength
(nm)

Laser Power
(W)

Scanning Speed
(mm/s)

Spot Diameter
(mm)

Argon Flow
(L/min)

1070 2500 20 3 25

Electrochemical polarization was conducted in a three-electrode cell using a platinum counter
electrode and a saturated calomel reference electrode (SCE). The specimens for the corrosion test were
closely sealed with epoxy resin, leaving an end-surface (with a cross-sectional area of about 100 mm2)
exposed for testing. The specimens were tested in a 3.5 wt % NaCl solution. Before testing, the testing
surface of each specimen was mechanically polished to a mirror finish, then degreased in acetone,
washed in distilled water, and dried in air. Electrochemical polarization curves were determined at a
potential sweep rate of 2.0 mV/s in a potential range from −1.0 to 1.0 V, after holding the samples in
the electrolyte at the steady open circuit potential (OCP) for a period of 600 s. Once the polarization
tests were finished, the corroded samples were immediately taken out, cleaned in distilled water using
ultrasonic treatment, and finally dried in air.

In this experiment, the UH4000 multifunctional hardness tester (ITM, Lake bluff, IL, USA) was
used to measure the microhardness of the coatings obtained by plasma spray and laser cladding. The
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hardness tester used a conical diamond indenter with a loading load of 1 kgf and a loading residence
time of 10 s.

Table 5 shows the parameters of the friction and wear test. The friction and wear test was carried
out on the UMT-2MT universal friction and wear tester produced by CETR, USA. The friction data
were determined via the reciprocating friction test method. During the test, the samples were fixed,
and the friction pair reciprocated at a certain speed to achieve wear. Before the friction and wear test,
the samples were cut into 19 × 12 × 5 mm3 specimens via wire cutting, carefully polished with SiC
paper up to 2500 grit, and then ultrasonically cleaned with an acetone solution to remove impurities
and oil stains from the surface. After the friction and wear test, the friction and wear morphology
of the coatings were analyzed with a MiroXAM-800 non-contact optical profilometer (KLA-Tencor
Company, Milpitas, CA, USA) and an SEM to explore the wear mechanism of the amorphous coatings.

Table 5. Friction and wear test parameters for the analysis of Fe-based amorphous coatings.

Loading Force
(N)

Sliding Speed
(m/s)

Sliding Frequency
(Hz/s)

Sliding Total Stroke
(m)

Friction Pair
(mm)

Friction Time
(s)

25 0.1 20 250 5 2400

3. Experimental Results and Analysis

3.1. Structural Characterization of the Coatings

Figure 2a presents the cross-sectional microstructure of the laser cladding layer. It can be clearly
seen that the coating consisted of a cladding layer, a heat-affected zone, and the substrate. The average
thickness of the laser cladding coatings was about 150 μm. As shown, the coating did not have defects
such as porosities and cracks and was well bonded to the substrate.

  

Figure 2. Microstructure of a coating produced by laser cladding: (a) Morphology of the cladding cross
section; (b) microstructure of the bottom of the cladding layer; (c) microstructure of the surface of the
cladding layer.

Figure 2b is an enlarged view of the bottom of the cladding layer in Figure 2a. It shows a dendrite
region of about 20 μm at the junction of the coating and the substrate. This dendrite region is a
columnar crystal that formed by propelling straight forward at a lower rate, as a consequence of the
large temperature gradient between the substrate and the coating. The presence at the bottom of
the coating of this typical epitaxial-growth columnar crystal region indicates that the coating and
the substrate had a good metallurgical bond. According to the liquid solidification theory, a crystal
growth morphology is mainly determined by the solid–liquid interface stability factor G/R (G is the
temperature gradient, and R is the solidification rate). When the liquid phase begins to solidify, the
temperature at the bottom of the molten pool differs greatly from the temperature of the substrate
material, and the solidified structure grows along the maximum heat dissipation direction of the molten
pool. Along the bottom of the molten pool to the surface of the coating, the temperature gradient G
gradually decreases, and the solidification rate R gradually increases, which hampers the tendency of
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the columnar crystal to continue growing upward. The growth of the columnar crystal is interrupted,
resulting in the formation of an equiaxed crystal region.

Figure 2c is a magnified image of the surface of the cladding layer in Figure 2a. It shows that
hardly any dendritic crystal region with a finer grain size was present. This suggests that the surface of
the cladding layer was still amorphous. The fast heat loss of the surface layer limited the growth of
nucleation sites.

Figure 3a shows the cross-sectional morphology of a coating obtained by supersonic plasma
spraying. It can be seen that the coating thickness was about 400 μm, and the coating was well formed.

  

Figure 3. Microstructure of a coating produced by supersonic plasma spraying: (a) Morphology of a
cross section of the plasma-sprayed coating; (b) magnified view of the coating.

Figure 3b is an enlarged view of the interface between coating and substrate. It can be observed
that there was a mechanical bond between the coating and the substrate, and some pores were present
at the bonding surface. A small number of unmelted particles, pores, and microcracks appeared in the
coating due to the large Ar flow introduced into the air during the spraying process. On the other
hand, pores and microcracks formed in a relatively loose layered structure when the particles hit the
substrate at a high speed, which led to a severe splash phenomenon, so that the boundaries of some
droplets could not be tightly fused together.

3.2. Phasse of the Coatings

Figure 4a shows the XRD pattern of the coating obtained by laser cladding. It consists of several
sharp diffraction peaks appearing at approximately 40◦–50◦, which represent the crystalline phase,
indicating that the coating contained a crystalline phase. After analyzing the results, these crystal
phases appeared to consist mainly of Fe–Cr, Fe2B, (CrFe)7C3, and other compounds. These hard phases
significantly increase the microhardness of the coating. Therefore, the coating was not composed of
complete Fe-based amorphous materials but contained crystal phases.

Figure 4b shows the XRD pattern of the supersonic plasma-sprayed coating. It can be seen that a
diffuse peak of the amorphous phase appeared between 40◦ and 50◦, indicating that the coating had a
higher amorphous content compared to the one produced by laser cladding. However, a distinct sharp
peak appeared at 44◦, which corresponded to a Cr–Fe and C0.09Fe1.91 compound. This could be due
to the fact that the powder contained 3% of carbon, and the carbon atoms, characterized by a higher
melting point than the Fe atoms, formed a compound with the Fe atoms in the coating.
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Figure 4. XRD diagram of the coatings. Coatings produced by (a) laser cladding; (b) supersonic
plasma spraying.

3.3. Corrosion Resistance of the Coatings

Figure 5 shows the electrochemical polarization curves of the 45 steel substrate, a coating produced
by laser cladding, and a supersonic plasma-sprayed coating in a 3.5 wt % NaCl solution. Table 6
shows the fitting results of the polarization curves in Figure 6. Compared with the substrate, the
corrosion potential (Ecorr) of the laser cladding-produced coating increased by about 148 mV, the
corrosion potential (Ecorr) of the supersonic plasma-sprayed coating increased by about 115 mV,
and the corrosion current density (Icorr) was reduced by an order of magnitude. Thus, corrosion
resistance was significantly improved. Compared with supersonic plasma-sprayed coatings, coatings
produced by laser cladding showed a higher corrosion potential and a smaller corrosion current density.
Therefore, coatings produced by laser cladding have better corrosion resistance than supersonic
plasma-sprayed coatings.

Figure 5. Polarization curves of the 45 steel substrate and the coatings produced by laser cladding and
supersonic plasma spraying.

Table 6. Polarization parameters of substrate and coatings.

Substrate and Coating Ecorr/mV Icorr/A·cm−2

45 steel −448.5 1.049 × 10−4

Laser cladding-produced coating −300.8 3.583 × 10−5

Plasma-sprayed coating −332.8 5.218 × 10−5

62



Coatings 2020, 10 , 73

   

Figure 6. SEM micrographs of corrosion damages: (a) 45 steel; (b) supersonic plasma-sprayed coating;
(c) coating produced by laser cladding.

Although the amorphous content of the supersonic plasma-sprayed coatings is higher than that
of the coating produced by laser cladding, the supersonic plasma-sprayed coatings contain pores and
microcracks, which provides an erosion path for corrosive media and reduces the corrosion resistance
performance of the coatings. The coatings produced by laser cladding have a dense structure with no
cracks and other obvious defects and high corrosion resistance.

Figure 6 shows the characteristic morphologies of corrosion damages generated on the surface of
the substrate and coatings. Figure 6a shows deep corrosion pits in the untreated 45 steel substrate,
indicating that severe corrosion occurred on the surface of 45 steel. Compared with the 45 steel
substrate, the coatings showed good corrosion resistance. Figure 6b shows the micromorphology of the
surface of the supersonic plasma-sprayed coating. It can be observed that many small pores appeared
in the corroded area. This suggests that the plasma-sprayed coating had a low density. Figure 6c shows
the micromorphology of the surface of the coating produced by laser cladding. It can be observed
that there were few pits on its surface, and the corroded area was small. This indicates that coatings
produced by laser cladding have a better corrosion resistance than plasma-sprayed coatings.

3.4. Microhardness of the Coatings

Figure 7 shows the microhardness of the laser cladding layer and supersonic plasma-sprayed
coating at different depths of the coatings. It can be seen that microhardness of the laser cladding
layer was significantly higher than that of the substrate and gradually decreased along the direction
from the surface of the cladding layer to the substrate. The surface of the coating was relatively hard
because small dendritic crystals and amorphous material coexist in this area. Near the fusion line, the
hardness of the cladding layer was significantly reduced because of the penetration of the substrate
into the cladding layer, which changed the composition of the cladding layer. This adversely affects
the performance of coatings.

Figure 7. Microhardness of the coatings.

Compared with the coating produced by laser cladding, the supersonic plasma-sprayed coating
has a lower hardness. This is because supersonic plasma-sprayed coatings are formed by molten
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or semimolten particles impacting on the surface of the substrate at high speed; this results in
superimposed disc-shaped particles that combine with each other and solidify on the surface of the
substrate. However, gaps remain between the particles, decreasing the hardness of the coating.

3.5. Wear Performance of the Coatings

Table 7 shows the average coefficient of friction for the 45 steel substrate, plasma-sprayed coatings,
and coatings produced by laser cladding. It indicates that the average coefficients of friction of the
amorphous coatings prepared by the two processes re smaller than that of the substrate. Therefore,
the coatings have better wear resistance. The average coefficient of friction of the plasma-sprayed
coating was lower than that of the coating produced by laser cladding because of a lower value of the
coefficient of friction of the plasma-sprayed coating in the first 350 s.

Table 7. Average friction coefficients of the 45 steel substrate, the coating produced by laser cladding,
and the plasma-sprayed coating.

45 Steel Laser Cladding Coating Plasma-Sprayed Coating

Average Friction Coefficient 0.2992 0.2915 0.2778

Figure 8 shows the friction coefficients of the 45 steel substrate, plasma-sprayed coating, and
coating produced by laser cladding. It shows that the friction coefficients of the coating produced by
laser cladding and the plasma-sprayed coating were not much different from that of the substrate,
but the fluctuation of the friction coefficient of the substrate was large, indicating that the amorphous
composite coatings had better anti-wearing properties than the substrate. The friction coefficient curve
of the coating produced by laser cladding did not show a wide range of pulsation, indicating that the
coating did not show severe wear failure during the entire friction test. Therefore, coatings produced
by laser cladding show excellent and stable friction and wear properties. The plasma-sprayed coating
had a low coefficient of friction in the first 350 s, which then suddenly increased. The change of the
friction coefficient was obvious, as indicated by the partial peeling of the coating after the first 350 s
of friction.

Figure 8. Coefficient of friction of the 45 steel substrate, the coating produced by laser cladding, and
the plasma-sprayed coating.
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Figure 9 shows the wear volumes of the 45 steel substrate, the coating produced by laser cladding,
and the plasma-sprayed coating. Compared with the 45 steel substrate, the wear areas of the coatings
prepared by the two processes were reduced by about 10 times. The wear volumes of the coatings
were significantly reduced, suggesting that the abrasion resistance of the coatings was improved.
The main reason for a higher wear resistance of the coating produced by laser cladding compared to
the plasma-sprayed coating is that there pores and microcracks were present in the plasma-sprayed
coating, which caused the coating to peel off during the friction and wear process and reduced the
coating wear resistance.

Figure 9. Wear scar volumes of the 45 steel substrate, the coating produced by laser cladding, and the
plasma-sprayed coating.

Morphological observations on the wear of Fe-based amorphous coatings can provide useful
information on the wear mechanisms; therefore, scanning and electron microscopy analysis of the
friction and wear morphology of coatings produced by laser cladding and plasma spraying was
carried out.

Figure 10 shows the wear profile of the coatings produced by laser cladding and plasma spraying.
It can be seen from Figure 10a that there was a partial peeling pit in the wear region of the coating
produced by laser cladding. This is because this coating contained a hard crystalline phase consisting
of Fe2B and dendritic crystals. The anti-cutting ability of the coating was reduced during wear, which
caused the formation of the peeling pits. In addition, there was a clear furrow in the non-flaking pit
area, which was formed by the friction of the hard phase in the coating. It can be seen from Figure 10b
that a large amount of flaking occurred on the surface of the plasma-sprayed coating. The reason is
that this coating is a layered structure formed by particles are stacked on each other, which leave pores
and microcracks inside the coating. As the wear process progresses, cracks will gradually expand,
shearing the surface of the coating when they reach a critical dimension. The depth and width of the
wear scar of the plasma-sprayed coating were significantly larger than those of the coating produced
by laser cladding, indicating that the wear resistance of the latter is better. The reason is that the
coating produced by laser cladding possesses a dense structure, characterized by metallurgical bonding
between the coating and the substrate, high bonding strength, and cohesive bonding strength, in
addition to amorphous and fine crystalline phases in its interior. These crystals promote fine-grain
strengthening and dispersion strengthening. These factors improve the wear resistance of the coating
produced by laser cladding.
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Figure 10. Wear scar morphology of coatings produced by laser cladding and plasma spraying: Coating
produced by (a) laser cladding; (b) plasma spraying.

4. Conclusions

Fe-based amorphous coatings produced by laser cladding and plasma-spraying were
analyzed. Fe-based amorphous coating prepared by laser cladding presented better qualities than
plasma-sprayed coatings.

The electrochemical behaviors of the coatings produced by laser cladding and plasma spraying
in a 3.5 wt % NaCl solution were studied through electrochemical polarization. It was shown that
Fe-based amorphous coatings prepared via the two processes have higher corrosion resistance than the
45 steel substrate, and the corrosion resistance of the coatings produced by laser cladding is superior to
that of plasma-sprayed coatings. It was found that the corroded region in the plasma-sprayed coatings
exposed many small pores, indicating that these coatings are not dense. Additionally, the supersonic
plasma-sprayed coatings contain pores and microcracks, which affect their corrosion resistance. In
contrast, the structure of coatings produced by laser cladding is dense and can thus protect the substrate
from corrosive media.

The friction and wear properties of the coatings produced by laser cladding and plasma spraying
were measured to analyze the friction coefficients and wear performances of the coatings. The wear
resistances of Fe-based amorphous coatings prepared via the two processes were higher than that of
the 45 steel substrate. The wear resistance of coatings produced by laser cladding is better than that
of the plasma-sprayed coatings because the former are dense and contain several hard phases. In
addition plasma-sprayed coatings more easily peel off during friction, because they form a mechanical
bond with the substrate and have a layered structure. In contrast, coatings produced by laser cladding
do not have many defects, have a dense structure, and contain some crystalline phases, all properties
that improve their friction and wear resistance.
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Abstract: In the current design of turbomachines, engine performance is improved by reducing the
clearances between the rotating components and the stator, which allows for loss decrease. Due to
these clearance reductions, contact events may occur between the rotor and the stator. An abradable
coating is deposited along the stator circumference as a sacrificial material to lower the contact
severity. However, experiments highlighted the occurrence of rotor/stator interactions with high
wear depth on the abradable coating as well as high temperature increases within the abradable
coating following contacts. This work focuses on the sensitivity analysis of rotor/stator interactions
with respect to the rotor angular speed and the initial clearances between the rotor and the stator,
taking into account thermal effects within the abradable coating. Convergence analyses are first
conducted to validate the numerical model. Then, after a calibration of the thermal model of the
abradable coating based on two experimental test cases, the numerical model is used to investigate the
cross effects of the angular speed and the initial clearances on the obtained rotor/stator interactions.

Keywords: turbomachinery; contacts; rotor/stator interactions; abradable coating; thermal effects

1. Introduction

To respect increasingly stringent environmental constraints and to lower operating costs,
turbomachine manufacturers are focusing on the improvement of engine performance to decrease fuel
consumption [1]. A common solution to lower aerodynamic loss and increase overall performance
of an engine consists of the reduction of nominal clearances between rotating bladed disks (rotor)
and the surrounding casings (stator). However, this clearance reduction may lead to rotor/stator
unilateral contacts and hazardous interaction phenomena [2,3]. In order to reduce the severity of
such contact events, an abradable coating is often deposited along the casing contact surface as a
sacrificial material [4–6]. A variety of works have been carried out on the numerical simulation of
rotor/stator interactions taking into account abradable coating wear [7–9]. Previous work of the
authors [10] proposed a numerical strategy to model temperature evolution within the abradable
coating following contact events and wear. In this article, this numerical model is improved focusing
on two aspects: (1) the definition of the blade heat flux is refined, the latter is now proportional
to the friction forces—i.e., therefore also proportional to the contact forces—between the blade and
the abradable layer, and (2) a dependence of the mechanical properties of the abradable coating on
the temperature is included. In this work, the focus is made on the validation of the contact forces
magnitude using two independent experimental data sets. Using the previous definition of the heat
flux, an accurate prediction of temperature levels within the structure for two test cases means that
contact forces are predicted with a relevant order of magnitude for each configuration.
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The first test set-up consists of a rotating high-pressure (HP) compressor’s bladed disk, on which
the calibration of the numerical model is performed. The focus is made on a 22-lobe torsion interaction,
with 22 high temperature areas recorded by an infrared camera localized behind the experimental
set-up. The numerical model is calibrated to obtain the same temperature increases than in the
experiments. Then, the calibrated model is used to simulate experimental tests carried out on
a second experimental test, on a low-pressure (LP) compressor’s bladed disk, focusing on a 7-wear-lobe
interaction involving the first bending mode. The predicted temperatures using the calibrated model
are compared with experimental data of this second test set-up.

The fact that the numerical model—calibrated on the first experiments only—also allows similar
temperature increases in the second configuration validates the order of magnitude of the predicted
heat flux, and therefore of the predicted contact forces. Based on this conclusion, a detailed sensitivity
analysis of the dynamical responses of the system with the clearance between the tip of the blade
and the casing is conducted. In particular, the evolution of wear and temperature profiles are
analyzed in detail, as well as the effect of the rotor/stator clearances and the angular speed on
the observed interactions.

The second section of the article details the numerical model, with a description of each component
and of the time integration strategy. Convergence analyses are carried out in the third section with
respect to space and time discretization parameters to validate the numerical model. In the fourth
section, the calibration of the blade heat flux is performed based on the first considered experimental
set-up. Then, the calibrated model is used to simulate the second test case. In the fifth section,
an in-depth analysis of the effect of the initial clearance and of the angular speed on the observed
rotor/stator interaction is carried out.

2. Numerical Model

The numerical model consists of a single rotating blade and a casing on which an abradable layer
is deposited. A detailed description of these three components is presented below, along with the
employed time integration algorithm.

2.1. Blade

The blade finite element mesh yields M, D and K(Ω) matrices, respectively the mass,
damping and stiffness matrices, with Ω the angular speed. To decrease the size of the model, a modal
reduction of the structural matrices is conducted using an existing component mode synthesis method
embedding centrifugal effects detailed in [11]. The reduced structural matrices are noted Mr, Dr and
Kr(Ω), and the reduction matrix, Φ, reads:

Φ =

[
I 0

ΦR (0) Ψ

]
(1)

with:

Ψ =

⎡
⎢⎢⎢⎢⎢⎢⎣

ΦR

(
Ωmax

2

)
− ΦR (0)

ΦR (Ωmax)− ΦR (0)
ΦL (0)

ΦL

(
Ωmax

2

)
ΦL (Ωmax)

⎤
⎥⎥⎥⎥⎥⎥⎦

ᵀ

(2)

in which ΦR (Ω) and ΦL (Ω) denote respectively the nc constraint modes and the first η fixed interface
modes computed for a given angular speed Ω. In order to avoid potential rank-deficiency due to
similarities between the constraint modes, an orthonormalization of matrix Ψ is performed. In the
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reduced order model, the retained physical degrees of freedom are localized along the blade tip to
manage contact interactions. The reduced equation of motion of the blade is given by:

Mrq̈ + Drq̇ + Kr (Ω) q + Fc (q) = Fe (3)

in which q contains the reduced degrees of freedom, Fc denotes the contact forces and Fe the external
forces. An explicit time integration procedure based on the central finite-differences method is used to
compute the blade displacement at each iteration n + 1 as follows [9]:

x
p
n+1 =

[
M

h2 +
D

2h

]−1 ([
2M

h2 − K

]
xn +

[
D

2h
− M

h2

]
xn−1

)
(4)

with h the time step of the time integration scheme (referred to as mechanical time step in the following).
If blade/abradable coating contacts occur, predicted displacements are corrected using:

xn+1 = x
p
n+1 +

[
M

h2 +
D

2h

]−1
Fc (q) (5)

2.2. Casing

The casing is assumed perfectly rigid, meaning that it remains insensitive to blade contacts.
In order to initiate contact, a progressive deformation is applied on the casing at the beginning of the
simulation until it reaches a deformed configuration with two lobes, i.e., two privileged contact areas,
as illustrated in Figure 1. This two-lobes deformation aims to model the casing ovalization resulting
from a thermal imbalance within the engine at rest due to the up motion of the hot gas [12].

casing at rest

deformed profile

Figure 1. 2-lobe casing deformation.

2.3. Abradable Coating

The abradable coating model is composed of two distinct meshes: (1) a mechanical mesh
composed of one-dimensional rod elements to compute wear, and (2) a two-dimensional cylindrical
thermal mesh for temperature computation. A weak thermo-mechanical coupling is assumed: thermic
influences the system mechanics, but the mechanical deformation of the abradable layer elements has
no effect on the computed temperatures. The assumption of weak thermo-mechanical coupling is
relevant in the context of rapid dynamics using small time steps and an explicit resolution scheme [13].
It conveniently allows separate solving of the mechanical and the thermal problem. Only heat transfer
by conduction is considered.

2.3.1. Mechanical Mesh

The mechanical mesh of the abradable layer consists of one-dimensional two-node rod elements
mechanically independent of their neighbors, governed by a plastic constitutive law detailed in [9].
Contact forces resulting from blade/abradable layer contact events cause an elastic deformation of the
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rod elements as well as permanent plastic deformations which represents numerically the abradable
layer’s wear, as illustrated in Figure 2. The evolution of the wear profile of the abradable layer can
therefore be computed at each time iteration using this mechanical mesh.

Rs

mechanical mesh
thermal mesh

abradable layer
casing

(a) (b)

Figure 2. Abradable coating wear mechanism following blade/abradable coating contact event (a) and
zoom on the abradable layer’s wear (b).

2.3.2. Thermal Mesh

To compute the temperature evolution within the abradable layer following contact events,
a second mesh is added. The latter consists of a two-dimensional thermal mesh superimposed to the
mechanical one, as illustrated in Figure 3, with one degree of freedom per node, the nodal temperatures.
Along the circumferential direction, one thermal element is considered every Rs mechanical elements,
and a contact on any of the Rs mechanical elements will provide a heat flux for the corresponding
thermal element, see Figure 3.

Rs

mechanical mesh
thermal mesh

abradable layer
casing

Figure 3. Superimposed mechanical and thermal meshes.

The heat equation, solved on the thermal mesh, is given by [14]:

CTṪ + KTT = FT (6)

in which T contains the nodal temperatures, CT denotes the thermal capacity matrix, KT is the
thermal conductibility matrix, and the nodal heat flux vector FT . Thermics and mechanics have
different time scales: while the explicit time integration scheme typically requires a time step of 10−7 s,
thermal problems can be solved with time steps as large as 1 s. Therefore, this equation and the blade
equation of motion (Equation (3)) are solved using different time discretizations: the heat equation is
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solved every Rt mechanical time steps. The use of these two different space discretization significantly
lowers computation times.

The heat flux FT in Equation (6) is assumed proportional to the friction forces between the
abradable coating and the blade, or if all the abradable coating is removed, between the casing and the
blade. At each thermal iteration, the sum of the heat flux generated during the Rt last mechanical time
steps is considered, such as:

FT = ∑
Rt

qTμtn‖vt‖ (7)

in which μ is the friction coefficient (between the abradable coating and the blade or between the
casing and the blade depending of the contact components), μtn the friction forces, vt the relative
tangential abradable layer/blade velocity (which is approximated here by the blade angular speed Ω)
and qT is a coefficient that will be calibrated in the following using experimental results.

The heat equation (Equation (6)) is solved at each thermal time step, i.e., every Rt mechanical
time steps. The evolution of the temperature within the abradable layer is computed at each thermal
iteration t + 1 by solving the system of equations [14]:

T(t + 1) = T(t) + K̄−1
T F̄T(t) (8)

with:
K̄T = CT + α′ Δt KT
F̄T(t) = Δt (FT(t)− KTT(s))

(9)

where α′ is the integration scheme parameter and Δt = Rth is the thermal time step. One can
demonstrate [14] that, in a linear framework, the integration scheme is stable if Δt < 2

(1−2α′)ωmax
,

unconditionally stable for α′ ≥ 1
2 , and stable without oscillation for Δt < 2

(1−α′)ωmax
, where ωmax

denotes the largest eigenfrequency of C−1
T KT . In this work, the value of α′ is set to 1

2 such that the
scheme is unconditionally stable.

2.3.3. Thermo-Mechanical Coupling

Thermal and mechanical problems are coupled according to two aspects: (1) the thermal expansion
of the abradable layer, and (2) the modification of its material properties with temperature. Based on the
temperature computed using the thermal mesh, the thermal expansion of each mechanical abradable
layer’s element at a given iteration t is computed as followed, assuming a linear thermo-elastic
constitutive law:

εT(t) = αT (T(t)− T(t − 1)) (10)

with εT the thermal deformation and αT the thermal expansion coefficient. For the dependence of
material properties with temperature, a linear variation of the Young’s modulus E and plastic modulus
K of the abradable coating with temperature is assumed in the model. This law can be used as first
approximation for aluminum-silicium alloys [15].

2.4. Summary

The blade model, the casing model and the mechanical mesh of the abradable layer are modeled
using an existing strategy detailed in [9]. A thermal mesh of the abradable layer is added here to
compute temperature increases following contact events. In order to compute temperature elevations
within the abradable layer, the heat flux provided by the blade to the abradable layer is assumed
proportional to the friction forces between these two components. Two discretization parameters—the
spatial and time discretization parameters, denoted Rs and Rt respectively—are involved in the
thermal model.
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3. Convergence Analysis

In this section, the convergence of the results with respect to both space and time discretization
parameters, Rs and Rt respectively, is analyzed. More particularly, the convergence is presented in
terms of the abradable layer’s wear and temperature profiles at both the leading (LE) and the trailing
edges (TE) as well as in terms of blade stresses. Simulations are carried out using the high-pressure
(HP) compressor blade’s finite element model shown in Figure 4a, and the retained nodes in the
reduced order model are marked as red dots.
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Figure 4. Finite element model (a) and Campbell diagram (b) of the HP compressor blade.

The simulations are run over 100 blade revolutions, at constant angular speed. The chosen angular
speed, denoted ΩHP

exp, corresponds to the excitation of the first torsion (1T) mode with the 22nd engine
order (eo), see the Campbell diagram in Figure 4b [3]. In particular, the selected angular speed is
slightly higher than the one corresponding to the curve’s intersection because of contact stiffening.
The angular speed axis in Figure 4b is normalized using ΩHP

exp as reference. The contact is initiated
by a 2-lobe casing deformation (see Figure 1). For all simulations, 20,000 mechanical abradable layer
elements are considered along the circumferential direction, which ensures that convergence has been
reached. The mechanical time step is fixed to h of 10−7 s for all simulations. The used value for the
friction coefficient μ is 0.1.

Convergence of wear and temperature profiles at both leading and trailing edges at the end of
the simulation is shown in Figures 5 and 6, respectively in terms of space and time discretizations.
Results show an accurate description of wear and temperature profiles within the abradable layer for
Rs > 100 (see Figure 5). Small differences appear in temperature profiles for the lowest Rs values,
which correspond to a coarser thermal mesh (see the curve referring to Rs = 100 in Figure 5c,d).

However, results obtained for all Rt values are perfectly superimposed (see Figure 6). This is
due to the different time scales between mechanical and thermal phenomena: considering Rt = 5000
leads to a thermal time step of Δt = Rth = 5000 × 10−7 = 5 × 10−4 s, which remains much lower than
typical thermal time scales. Simulations with Rt = 5000 leads therefore an accurate solution of the
heat equation.
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Figure 5. Convergence analysis of the wear and temperature profiles at the end of the simulation at the
leading and trailing edge with the number of thermal abradable coating elements nab,th: nab,th = 80
or Rs = 250 ( / ), nab,th = 100 or Rs = 200 ( / ), nab,th = 200 or Rs = 100 ( / ),
nab,th = 250 or Rs = 80 ( / ).
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Figure 6. Convergence analysis of the wear and temperature profiles at the end of the simulation at the
leading and trailing edge with Rt: Rt = 1 ( / ), Rt = 500 ( / ), Rt = 1000 ( / ),
Rt = 5000 ( / ).

Convergence of blade related quantities is verified in terms of stresses at node P1, shown in blue
in Figure 4a, close to the blade root. This quantity is indeed very sensitive since it relies on predicted
blade dynamics and abradable profile evolution. Figure 7 shows the time evolution of the blade stress
at node P1 for several Rs and Rt values. Stresses are computed at the initiation of the interaction.
Curves are perfectly superimposed for all Rs and Rt values. This perfect superimposition comes from
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the superimposition of the abradable wear profile—the latter indeed directly influences the blade
dynamics—for all Rs and Rt values (see Figures 5a,b and 6a,b).
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Figure 7. Time evolution of blade stresses (a) with Rs: Rs = 80 ( ), Rs = 100 ( ), Rs = 200 ( ),
Rs = 250 ( ), and (b) Rt: Rt = 1 ( ), Rt = 500 ( ), Rt = 1000 ( ), Rt = 5000 ( ).

The stress field within the full blade finite element mesh at the same time step t = t2 is shown
in Figure 8 for different Rs values, and in Figure 9 for different Rt values. The used color code goes
from white—no stress—to dark blue—highest stress level, i.e., σY

6 , with σY the yield stress of the blade.
Almost identical stress fields are retrieved for all Rs and Rt values. This observation is consistent with
the perfect superposition of the stresses time evolution in Figure 7. The dynamical behavior of the
blade is therefore identical for all tested Rs and Rt values.

Finally, computation times associated with each simulation are depicted in Figure 10.
The horizontal dotted line refers to the simulation time without computing temperatures.
All simulations have been performed on a standard computer with an i7-processor. The chosen
trade-off between results accuracy and computation times yields 200 thermal abradable coating
elements along the circumferential direction (i.e., Rs = 100) and Rt = 1000. The value of these two
parameters is fixed for the following simulations.
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Figure 8. Blade stress fields for different Rs values.
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Figure 9. Blade stress fields for different Rt values.
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Figure 10. Evolution of the computation time with (a) the number of thermal abradable coating
elements, and (b) with Rt.

4. Experiments

The previously described model is applied here on two experimental data sets: (1) a high-pressure
(HP) compressor’s bladed disk, and (2) a low-pressure (LP) compressor’s bladed disk.
Both experimental set-up are first detailed. Then, the temperature field recorded on the first experiment
set-up is used to calibrate the numerical thermal model. Finally, the second test is simulated using the
calibrated model, and the obtained temperatures are compared with the experiments.

4.1. Calibration of the Thermal Model

The aim of this section is to calibrate the thermal model based on previously published
experimental data [3]. The set-up consists of a rotating bladed disk that undergoes contact events with
an abradable layer deposited onto a simplified casing. Both the bladed disk and the casing are made of
titanium materials, and the abradable layer is made an AlSi alloy. An infrared camera in front of the
test set-up recorded temperature increases [3]. The color code ranges from white—no temperature
increase—to red—high temperatures. The targeted angular speed is ΩHP

exp, which corresponds to
the 22nd engine order excitation of the first torsion mode, see Figure 4b. 22 hot spots are observed
along the casing circumference, and temperatures above 80 ◦C have been recorded experimentally,
as depicted in Figure 11a. A more detailed description of the test set-up and data analyses can be
found in [3].
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Figure 11. Temperature profile for the HP compressor test case.

Simulations are carried out over 100 blade revolutions at constant angular speed corresponding
to the experimental value. The values for Rs and Rt parameters are fixed to the values selected in the
convergence analysis. The value of the heat flux parameter qT is calibrated to retrieve the same order
of magnitude of temperature increase. The blade displacements at the leading edge (LE), mid-chord
(MC) and trailing edge (TE), obtained using the calibrated model, are depicted in Figure 12. The blade
displacement exhibits an increasing amplitude (for t ∈ [0− 0.51] s) followed by a decreasing amplitude
of vibration (for t > 0.51 s). Displacements are similar to the ones obtained in [3] without taking
into account thermal effects. This similarity in blade displacements is expected because of the low
temperature increases during this test (80 ◦C): the thermal expansion of the abradable layer remains
limited and does not significantly affect the blade dynamics.

The corresponding temperature profile at the leading-edge side at t = 0.51 s along the abradable
layer circumference is plotted in Figure 11b. The 22 high temperature points are retrieved, with the
same order of magnitude then the experimental temperature field, i.e., 80 ◦C (see Figure 11b) which
was the calibration point of the thermal model.
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Figure 12. Time evolution of the blade displacement at the leading edge ( ), mid-chord ( ),
and trailing edge ( ) for the HP compressor test case.

The obtained wear profile at the leading edge, mid-chord and trailing edge at t = 0.51 s is shown
in Figure 13. 22-wear lobes are observed at the leading and trailing edges because of the excitation of
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the 22-engine order. At mid-chord, 2-wear lobes are obtained, corresponding to the casing deformation
applied at the beginning of the simulation to initiate contacts. Because the responding mode is the first
blade torsion (1T) mode, the blade has a low amplitude of vibration at mid-chord, and the 22 wear lobes
are not visible (see Figure 13b). The temperature profile along the surface of the abradable layer can also
be visualized with the red line along the wear profile (therefore, the temperature field in Figure 11b is
retrieved in Figure 13a along the wear profile). The high temperature areas—in red in Figure 13a—are
localized in front of the 22 wear lobes, as in the experiments, because the heat flux injected within the
abradable layer is assumed proportional to the blade/abradable layer friction forces. Moreover, due to
heat conduction within the abradable layer from the mid-chord location to the leading and trailing
edge sides and to the initial 2-lobe casing deformation, higher temperature levels are achieved in the
vicinity of angular positions π

2 and 3π
2 .
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Figure 13. Wear and temperature profiles at 0.51 s for the HP compressor test case.

The numerical model allows prediction of the blade dynamics and wear profiles, with an order of
magnitude for the temperatures which is consistent with experimental data. The calibrated model is
therefore assumed relevant and is used in the next section to simulate the second test case.

4.2. Application of the Calibrated Model

The previously calibrated model is used in this section to predict the temperature elevation for the
second experimental set-up [2]. This second test is carried out on a single stage of a LP compressor’s
bladed disk. The finite element model of the LP compressor blade can be seen in Figure 14a. A detailed
description of the test and acquired signals can be found in [2]. One blade of the bladed disk is
longer than the others to ensure that the contact between the rotor and the casing occurs on this blade.
A strain gauge is located on the center of the blade to record its dynamical response. The bladed disk
is mounted on a shaft and in a vacuum chamber to avoid aerodynamical loadings and temperature
elevation by heat convection. Accelerometers and thermocouples are placed on the external surface
of the casing, which is initially ovalized due to assembly conditions. The angular speed is chosen
using the Campbell diagram shown in Figure 14b such as the first eigenfrequency—corresponding to
the first bending (1B) mode—is excited by the 7th engine order. More precisely, the angular speed is
slightly higher than the one corresponding to the intersection of the 1B mode with the 7th engine order
due to contact stiffening. During the test, the angular speed is progressively increased to achieve the
targeted speed, denoted ΩLP

exp.

79



Coatings 2020, 10 , 74

LE

MC

TE

(a)

eo = 7

1B

1T

2B

3B

2T

3T

0 0.5 1 1.5 2 2.5
0

5

10

15

normalized angular speed (-)
n
o
rm

a
li
ze
d
fr
eq
u
en
cy

(-
)

(b)

Figure 14. Finite element model (a) and Campbell diagram (b) of the LP compressor blade.

The available data acquired during the experiments are: (1) the time evolution of the blade stresses
recorded by the strain gauge, (2) the post-mortem wear profile, measured at the end of the experiments,
and (3) temperatures on the outer surface of the casing recorded by the temperature probes at eight
different angular positions. The detailed analysis of the time evolution of the blade stresses recorded
by the strain gauge during the experimental test can be found in [2]. Contrary to the first test case on
the HP compressor (see Section 4.1), the time response of the blade displacement always increases
with time during the test, leading to a diverging blade motion.

The post-mortem wear profile is measured at the leading edge, mid-chord and leading edge at
the end of the experiments using a coordinate measuring machine, every 10◦ along the circumferential
direction. They are pictured in Figure 15. Seven deep wear lobes are observed on the trailing edge’s side,
with a high wear depth (see Figure 15c). Seven lobes are also observed at mid-chord (see Figure 15b),
while almost no wear appears at the leading edge (see Figure 15a). The low wear level at the leading
edge is due to the initial ovalization of the casing at the beginning of the test. These differences in
the LE, MC and TE wear depths can be explained by the excitation of the 1B mode, which exhibit a
large vibration amplitude at the TE and MC and a lower amplitude at the LE. Finally, temperature
probes, located on the outer surface of the casing in front of the blade mid-chord at different angular
positions, recorded the temperatures during the test. Temperatures measured at the end of the
diverging motion are given in Figure 15b. They ranged from +15 to +125 ◦C. These temperatures
seem to be higher at the middle of wear lobes, but data are very sensitive to the angular position.
Nevertheless, this allows obtaining of an order of magnitude of the temperature level on the outer
surface of the casing. Within the abradable layer, the achieved temperatures will logically be higher
than the probe values.

Numerical simulations are conducted to reproduce the test conditions using the calibrated model.
The simulation is carried out over 40 blade revolutions at constant angular speed ΩLP

exp. The space
and time discretization parameters, Rs and Rt respectively, are kept the same than the one chosen in
Section 3. The convergence of the results for these two parameters has been verified, but the results are
not shown here for the sake of brevity. The finite element model of the instrumented blade is shown in
Figure 14a. The red dots at the blade tip correspond to nodes retained in the reduced order model.
The location of the leading edge (LE), mid-chord (MC), and trailing edge (TE) is also shown.

The obtained time evolution of the blade displacement at the leading edge, mid-chord and trailing
edge is shown in Figure 16. As observed in the experiments, amplitude of vibration always increases
with time, leading to a divergent interaction. Therefore, stresses within the blade reach the yield stress
of the blade material thus leading to crack initiation, in agreement with experimental observations [2].
Also, amplitudes of the blade displacement are higher at the trailing edge and mid-chord, while the
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vibration amplitude remains small at the leading edge. The dynamical behavior of the system is
therefore well predicted by the numerical model.
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Figure 15. Experimental wear and temperature profiles for the LP compressor test case [2].
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Figure 16. Time evolution of the blade displacement at the leading edge ( ), mid-chord ( ),
and trailing edge ( ) for the LP compressor test case.

Figure 17 shows the wear profile at the leading edge, mid-chord and trailing edge at the end
of the simulation. These wear profiles obtained numerically can be directly compared with the
experimental ones, shown in Figure 15. As in the experiments, seven deep wear lobes are observed at
the trailing edge, because of the high blade amplitude of vibration. The abradable layer is removed
over all its thickness at the angular positions of the seven wear lobes, and the blade may be in contact
with the casing. Seven wear lobes are also observed at mid-chord, and two wear lobes are obtained
numerically at the leading edge due to the initial ovalization of the casing. The temperature profile at
the end of the simulation is also superimposed along the wear profile in Figure 17. The color code goes
from white color—that corresponds to no temperature increase—to red—highest temperature increases.
High temperature points are observed in the vicinity of wear lobes. The maximum temperature reached
numerically within the abradable layer is 274 ◦C. This value is higher than the experimental observation
(125 ◦C), but the temperature probes are located on the outer surface of the casing. It seems reasonable
to expect higher temperature levels within the abradable layer, considering the heat localization and
diffusion time. The order of magnitude of the temperature obtained using the calibrated model to
simulate this second experimental test is therefore realistic.
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Figure 17. Numerical wear and temperature profiles for simulations on the LP compressor’s blade.

4.3. Partial Conclusion

The numerical model calibrated using the first experimental test case provides realistic
temperature values for both experimental test cases. Variations in the abradable coating’s material
properties or in the probe localization can explain the observed differences between numerical and
experimental results. Nevertheless, the order of magnitude of the numerically predicted temperature is
coherent with the experiments. Since the thermal flux is modeled as proportional to friction forces—and
therefore proportional to the contact forces—the agreement between the temperatures for the two test
cases can be directly related to coherent order of magnitudes for numerically predicted contact forces.

Additionally, for both investigated cases, the predicted blade dynamics is similar to experimental
observations: (1) for the HP compressor case, a non-diverging interaction on the torsion mode with the
22nd engine order is retrieved, and (2) for the LP compressor blade, a diverging interaction with the
first bending mode and the 7th engine order is obtained as in the experiments.

As a conclusion, thanks to the verification of the order of magnitude of contact forces
for independent set-ups, the numerical model is assumed predictive in different configurations.
Therefore, further detailed investigations on the system dynamical behavior and on the resulting
rotor/stator interactions can be performed with confidence in the numerical predictions.

5. Sensitivity Analysis

In this section, a detailed sensitivity analysis of the observed interactions is carried out for both
the HP and LP compressor blades. More particularly, the effect of the angular speed and the initial
clearance between the blade and the abradable layer is investigated. Indeed, previous work showed
that a precise modeling of the blade/casing clearances is key to accurately predict contact interaction
phenomena [16]. Due to intrinsic nonlinearity of the system, a small change in the engine working
conditions may lead to completely different amplitudes of vibration and dynamical behavior.

5.1. High-Pressure Compressor Blade

A sensitivity analysis in terms of the angular speed and the initial clearance is performed here on
the HP compressor blade shown in Figure 4a. The calibrated model is used for all simulations. First,
the influence of the angular speed is studied on its own. Indeed, due to contact stiffening and to the intrinsic
nonlinear nature of the studied phenomena, the angular speed at which interactions may occur is difficult
to predict a priori. The dynamical response of the system is very sensitive to the angular speed. Simulations
are therefore carried out over a range of angular speeds in the vicinity of the targeted interaction speed.
Then, the same analysis is performed with a variation of the initial clearance since this parameter is key for
contact interaction initiation. Finally, their coupled influence is analyzed.
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5.1.1. Influence of the Angular Speed

Simulations are performed over a wide range of angular speeds around the experimental
angular speed, denoted ΩHP

exp. Each simulation is carried out at constant angular speed over
100 blade revolutions.

The evolution of the wear profile for different angular speeds at both leading and trailing edges along
the circumference of the abradable coating taking into account thermal effects is shown in Figure 18. Dark
areas refer to high wear levels while white color correspond to no wear. Depending on the angular speed,
different interactions are observed: 9-wear lobes are identified with a high wear level around 0.95 ΩHP

exp
(excitation frequency corresponding to crossing between 9th engine order and the first blade bending mode,
see Figure 4b), 22-wear lobes around ΩHP

exp (crossing between 22nd engine order and the first blade torsion
mode in Figure 4b), and 8-wear lobes around 1.05 ΩHP

exp (crossing between 8th engine order and the first
blade bending mode, see Figure 4b). Between these interaction areas, the observed 2-wear areas at angular
positions π

2 and 3π
2 are due to the initial casing deformation. Figure 19 shows the temperature profiles

for different angular speeds at both leading and trailing edges along the circumference of the abradable
coating. High temperature areas are observed in the vicinity of wear lobes because of the definition of the
heat flux which is proportional to the blade/abradable layer friction forces. The two observed bending
interactions (with engine orders 9 and 8) respond over a large angular speed range. The wear depth and the
temperature increase are also higher, with all the abradable layer removed and localized high temperature
points. When starting the engine, the angular speed progressively increases up to the nominal value. This
wide interaction area will therefore be crossed. The torsion interaction occurs for a limited angular speed
range. The wear depth is also lower than for the bending interaction, and the temperature is more uniform
along the casing circumference.
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Figure 18. Evolution of the wear profile with the angular speed for the HP compressor blade.
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Figure 19. Evolution of the temperature profile with the angular speed for the HP compressor blade.

A succession of blade/casing interactions are observed as the angular speed increases, with both
bending and torsion modes. Abrupt changes of dynamical behavior are observed, with higher
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wear depth for bending interactions. The angular position π
2 and 3π

2 are privileged areas for
high temperatures.

5.1.2. Influence of the Initial Clearance

Various research has been conducted to quantify the effect of the clearance between the tip of the
blades and the casing from the aerodynamical point of view because of its high influence on the engine
performance [17–20]. In this section, a sensitivity analysis to the clearance between the blade and the
abradable coating is carried out in terms of structural dynamics and rotor/stator interaction.

The evolution of the frequency response function of the blade displacement at constant angular
speed, equal to ΩHP

exp, for an increasing initial clearance is shown in Figure 20. Three distinct areas can
be identified, for which different modes respond. Area 1 corresponds to an interaction with the first
bending mode. Area 2 is related to the 22-lobe interaction with the torsion mode. In area 3, for which
the initial gap is larger (>0.38), the bending mode is again excited but with lower amplitude and
a different engine order. The abrupt changes observed between the different areas, especially between
areas 2 and 3, are due to the nonlinear intrinsic characteristic of contact interactions. The differences in
the initial conditions lead to a system response along different modes.
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Figure 20. Evolution of the frequency response function of the blade displacement with the initial
clearance for the HP compressor blade.

The evolution of the wear profile at the leading and trailing edge with the initial clearance is
shown in Figure 21, and the corresponding evolution of the space Fourier transform of the wear profile
is depicted in Figure 22. The same three areas can be distinguished. In area 1, 17-wear lobes are
observed at both leading and trailing edges, with a high wear level. Wear level is slightly higher at the
leading edge than the trailing edge. In area 2, 22-wear lobes can be identified. This corresponds to
the 22-lobe interaction experimentally observed (see Section 4.1). This interaction is obtained over a
large range of initial clearance ([0.05 − 0.38]). In area 3, which corresponds to larger initial gaps, even
harmonics and 2 wear lobes are obtained. These 2-wear lobes are due to the initial deformation of the
casing (see Figure 1), and no interaction occurs for high clearance values. The wear level is also lower
in the area.

The associated temperature maps are shown in Figure 23. As expected, the three areas can also
be observed, with respectively 17, 22 and 2 high temperature spots. However, in the second area,
two high temperature areas can be additionally shown. This is because the first torsion mode is mainly
excited, and at the middle of the blade, only two contact areas are observed (related to the 2-wear-lobe
initial casing deformation) instead of 22. The diffusion within the abradable coating in these two areas
leads to higher temperatures.

These results suggest that a clearance reduction may lead to unexpected effects on the engine
dynamics in terms of rotor/stator interactions. On the contrary, a small increase of the initial
clearance completely eliminates the interaction of interest, which would be beneficial for the
engine blade dynamics if this gap increase does not affect the overall aerodynamic performance.
Moreover, the clearance reduction does not have the same effect than an angular speed increase.
Even if these two variations of configuration both lead to a blade-tip/abradable layer distance
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reduction—centrifugal loadings are taken into account in the model—the 17-wear lobes interaction is
initiated only at low clearance values.
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Figure 21. Evolution of the wear profile with the initial clearance for the HP compressor blade.
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Figure 22. Evolution of the space Fourier transform of the wear profile with the initial clearance for the
HP compressor blade.
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Figure 23. Evolution of the temperature profile with the initial clearance for the HP compressor blade.

5.1.3. Cross Analysis

Depending on the angular speed and the initial clearance, different interactions have been
observed. A coupled influence of both parameters is carried out in this section. In particular,
Figure 24 summarizes the number of wear lobes obtained depending on the angular speed and
the initial clearance. The angular speed axis is normalized using the experimental value as reference.
Three different interactions are observed: 5 wear lobes ( ) at higher angular speed for low initial gap
values, 17 wear lobes ( ) at low initial gap values, and 22 wear lobes ( ) for intermediate gap values.

The experimentally observed 22-wear-lobe interaction occurs for smaller initial clearance values
as the angular speed increases. This can be explained by the centrifugal loading that increases with the
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angular speed. Indeed, the effective gap between the blade and the casing is equal to the initial gap
reduced by the centrifugal displacement of the blade at the considered angular speed. For the smallest
values of the initial gap, a 17-wear-lobe interaction appears but it is initiated for some distinct gap
values. The initiation of this interaction is therefore very sensitive to initial conditions. For angular
speeds above 1.1 ΩHP

exp, the clearance reduction leads to 5 wear lobes. For high initial clearance values,
no interaction is observed for any angular speed. Therefore, the effect of the initial clearance leads to
a more complex dynamics than the angular speed variation.
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Figure 24. Number of wear lobes depending on the angular speed and the initial clearance for the HP
compressor blade. ( ): 5 wear lobes, ( ): 17 wear lobes, ( ): 22 wear lobes.

5.2. Low-Pressure Compressor Blade

The same three analyses are performed for the LP compressor blade in this section: the influence
of the angular speed, of the initial clearance, and the coupled influence on the observed interactions.

5.2.1. Influence of the Angular Speed

The wear maps obtained over a range of angular speeds centered around the experimental angular
speed (considered to be reference) at the LE and TE are shown in Figure 25, and the corresponding
temperature maps are given in Figure 26. Abrupt changes in the blade behavior are observed. For the
considered angular speed range, two interaction areas—with 8 and 7 wear lobes—are observed, both at
the blade trailing edge only. These two interactions are due to the crossing between the first bending
frequency with the different engine order curves. As for the HP compressor case, deeper wear lobes
are observed for bending interactions. All the abradable layer is removed in front of lobes angular
position. This means that higher blade amplitudes of vibrations are generated for these interactions.
Between these two strong interaction areas, different numbers of lobes are observed: 4 lobes in the
angular speed range [0.9 − 1] ΩLP

exp, 6 lobes for Ω > 1.05 ΩLP
exp, and an interaction with 13 wear lobes is

also locally observed at the angular speed Ω = 1.1 ΩLP
exp.

High temperature points are observed in Figure 26 at high wear angular positions, especially for
the interaction with the 8th and 7th engine orders. Indeed, deeper wear lobes are related to higher
friction forces, and higher heat flux. In the angular speed range [0.9 − 1] ΩLP

exp, two high temperature
areas are observed due to the casing ovalization. Heat conduction from the leading edge to the trailing
edge exacerbates the two high temperature strips. For Ω > 1.05 ΩLP

exp, 4 high temperature bands
are shown at angular positions π

2 and 3π
2 again because of the high contribution of heat from the

leading edge’s side. For the same reason, the wear lobes at angular positions 0 and π leads to lower
temperature levels because no contribution from the leading edge. At the angular speed Ω = 1.1 ΩLP

exp,
13 high temperature points are observed at the position of the wear lobes.
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Figure 25. Evolution of the wear profile with the angular speed for the LP compressor blade.
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Figure 26. Evolution of the temperature profile with the angular speed for the LP compressor blade.

5.2.2. Influence of the Initial Clearance

As for the HP compressor’s blade, the influence of the initial clearance on the observed interaction
is detailed. Higher gap values are studied since LP compressor blade are taller than blades within
a HP compressor and have higher centrifugal displacements. Figure 27 show the evolution of the
wear profile along the casing circumference while increasing the initial gap between the blade and
the casing. The space Fourier transform of the wear maps with respect to the initial clearance is
depicted in Figure 28. The evolution of the temperature profiles along the casing circumference
with the initial gap is shown in Figure 29. On these graphs, three distinct areas can be identified.
For low values of the initial gap, an unclear 7-wear lobes interaction is observed. When increasing
the initial clearance, 7 deep wear lobes are obtained on the wear map at intermediate values. Finally,
at higher values of the initial clearance, an abrupt change of behavior occurs, and no more interaction
is observed. The 2 wear lobes correspond to the initial deformation of the casing. For all values,
the interaction remains localized on the trailing edge only. The structure responds along its first
bending mode, which exhibits a larger amplitude of vibration at the trailing edge. Contrary to
the HP compressor case, deeper wear lobes are observed in area 2, while area 1 does not exhibits
strong interactions. Therefore, reducing the initial clearances does not generate here unexpected and
potentially damaging rotor/stator interactions. In Figure 29, high temperature points follow the wear
profiles with a dominance (especially at low initial clearance) in the 2-wear-lobe areas because of the
heat conduction within the blade. Because the wear depth is significant in area 2 at trailing edge,
the heat transfer from the leading to the trailing edge is less pronounced than for the two other areas.

87



Coatings 2020, 10 , 74

1 2 32

0 0.5 1 1.5 2 2.5 3
0

π

2π

initial gap (-)

an
gu

la
r

po
si

ti
on

(r
ad

)

(a) LE

1 2 32

0 0.5 1 1.5 2 2.5 3
0

π

2π

initial gap (-)

an
gu

la
r

po
si

ti
on

(r
ad

)

(b) TE

0

5

Figure 27. Evolution of the wear profile with the initial clearance for the LP compressor blade.
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Figure 28. Evolution of the space Fourier transform of the wear profile with the initial clearance for the
LP compressor blade.
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Figure 29. Evolution of the temperature profile with the initial clearance for the LP compressor blade.

5.2.3. Cross Analysis

The interactions observed with respect to the initial blade-tip clearance and the angular speed
are summarized in Figure 30. The angular speed axis is normalized using the experimental value
as reference. Two different interactions are observed when varying the initial clearance and angular
speed: 7 wear lobes ( ), and 15 wear lobes ( ). As for the HP compressor blade, the higher the angular
speed, the lower initial clearance interactions occur. However, the two interaction areas are here well
separated, with a more stable initiation of the interaction with the initial conditions. The 15 wear lobes
is observed only at lower angular speed while the 7th engine order interaction responds for a large
range of angular speeds and initial clearances. This cross analysis shows that depending on the engine
nominal angular speed, a reduction of the nominal clearances in the engine design in order to improve
the aerodynamic performance can lead to a risk of occurrence of interactions with other engine orders.
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Figure 30. Number of wear lobes depending on the angular speed and the initial clearance for the LP
compressor blade. ( ): 7 wear lobes, ( ): 15 wear lobes.

6. Conclusions

This paper uses a numerical model taking into account thermal effects in the abradable coating to
validate contact forces prediction through the comparison of two experimental set-up. The numerical
modeling of the abradable layer consists of (1) a mechanical mesh made of independent two-node
rod elements with elasto-plastic constitutive law to compute the abradable wear, and (2) a thermal
mesh added to compute the evolution of the temperature in the abradable layer following blade
contacts. The blade heat flux is assumed to be proportional to the friction forces between the
blade and the abradable coating. A dependence of the mechanical properties of the abradable
coating with temperature is also included. To reduce computation times, distinct space and time
discretizations are used to solve the thermal and mechanical problems. A convergence analysis is
performed, which shows that the space and time discretization has low effects on the obtained wear
and temperature profiles as well as for the blade response.

A calibration of the blade heat flux has been carried out using experimental data acquired on
a high-pressure compressor blade. The aim of the calibration was to retrieve the same temperature
increases as observed in the experiments. This calibrated value has been kept to predict temperature
levels for another set of experimental data, obtained from a low-pressure compressor blade. Because of
the definition of the heat flux, proportional to the friction forces, the fact that realistic temperatures are
obtained for two independent test cases with two distinct structures gives confidence in the numerically
predicted contact forces.

Based on this calibrated model, further analyses in terms of the effect of the initial
clearances—which is a key parameter in the initiation of contact interactions—and of the rotor angular
speeds have been carried out. Both low-pressure and high-pressure compressor test cases have
been investigated. A coupled influence of the angular speed and the initial clearance has also been
conducted. It has been found that interactions occur for smaller initial clearance values as the angular
speed increases. This is explained by the centrifugal load of the blade. But when decreasing the initial
clearance at a given angular speed, unexpected interactions may appear, which were observed for
the studied high-pressure compressor blade in particular. Different interactions for low gap values
appear for this blade. However, for the low-pressure compressor blade, the studied interactions were
more robust. Reducing the initial clearances is a common solution to improve aerodynamical engine
performance. However, a detailed analysis of this clearance reduction is recommended since it may
lead, for some blades, to detrimental dynamical behavior.
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Abstract: Wear tests were performed using a ball-on-disc tribological tester. In this study, 42CrMo4
steel disc of hardness 40 HRC co-acted with 100Cr6 steel ball with hardness of 60 HRC. Disc surfaces
were created using vapor blasting to obtain values of the Sq parameter close to 5 μm. However,
other disc surface topography parameters varied. Dry friction tests were carried out. Wear levels
of discs and balls were measured using a white light interferometer Talysurf CCI Lite. It was
found that the surface topography had a significant impact on tribological properties under dry
sliding conditions. The research also allowed to identify significant dependencies between surface
topography parameters and wear.

Keywords: wear; friction; surface topography

1. Introduction

The surface topography is one of the most important factors determining the quality of a surface
layer. It defines a set of all overlapping irregularities of surface resulting from the machining processes
and wear of materials. The use of all parameters [1] to assess the surface topography in terms of its
functional characteristics is not entirely possible. A large simplification, however, is the attempt to
assess the surface topography using only one parameter, that often happens in the industrial practice.

Despite the fact that a significant number of works have been made in the field of relationships
between surface texture and tribological parameters, dependencies between surface topography
parameters and friction and wear are not yet clearly defined [2–6].

The results obtained by the authors of papers [7,8] showed that the roughness amplitude had a
significant impact on the transition between various friction regimes. The results of the ball-on-disc
studies presented in papers [9,10] indicate the existence of a correlation between surface topography
parameters (in particular Rsk and Rku) and the friction force. The Rsk parameter (skewness of the
assessed profile) is the third order moment. It characterizes symmetry of the height distribution.
The Rku parameter, which is fourth order moment described sharpness of the ordinate distribution.
The Ssk and Sku parameters are three-dimensional extensions of the Rsk and Rku parameters,
respectively. The coefficient of friction under dry conditions was lower for higher surface height.
However, wear was not investigated in these works. The dependencies between the Ssk and Sku
parameters and volumetric wear are presented in [11]. Larger values of the Sku parameter and smaller,
negative Ssk parameters led to the reduction of wear volume of smooth steel discs. Grabon et al. [12]
also found that the wear of a cylinder liner with a negative skewness was smaller compared to a
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cylinder liner with a skewness close to 0 with the same value of the Sq parameter (root mean square
deviation of the surface height) for both liners.

The influence of the surface topography on the frictional resistance in conditions of fretting wear
was studied by, among others, authors of papers [13,14]. They received a lower coefficient of friction
for rougher disc. Different results were obtained by the authors of reference [15], in which higher
values of surface height corresponded to higher values of the friction coefficient. The results of the
study of the effect of surface texture on fretting in dry friction conditions are presented in reference [16].
The tests revealed that the initial surface roughness had a significant effect on the obtained results.
Especially tribological effects of spatial properties of the surface texture were significant.

Nyman et al. [17] pointed out that by characterizing the surface texture and calculating the several
surface topography parameters like the average summit curvature Ssc and rms slope Sdq is possible
to predict the remaining lifetime of a sintered friction material in a wet clutch. The authors of [18]
showed that the average value of the coefficient of friction in lubricated sliding strongly depended
on the mean arithmetical slope of the profile. The authors of paper [19] indicated that the standard
deviation of surface height Sq and the summit density Sds were important from the point of view of
the frictional resistance. The authors of [20] found a linear relationship between the roughness height
of cylinder surface and friction of the cylinder liner–piston ring assembly.

One can see from a literature review that the effect of the surface topography of contacting elements
on tribological performances of sliding pairs is uncertain. The aim of this study is to investigate the
effect of the disc surface texture after vapor blasting on tribological properties of a disc–ball assembly
under dry friction conditions

2. Materials and Methods

Tribological tests were carried out using the tribological tester T-11 made by Institute for Sustainable
Technologies—National Research Institute in Radom (Poland) in a ball-on-disc configuration (Figure 1).
The tribological system contained a stationary ball made of 100Cr6 steel with a hardness of 62 ± 2 HRC
and a rotating steel disc of 40 ± 2 HRC hardness. Disc material was 42CrMo4 steel. Discs and balls
diameters were 25 mm and 6.35 mm, respectively. Vapor blasting using the KIS-900 equipment was
the finishing treatment of all discs. Its fundamental technical parameters are as follows:

• Working pressure: 0.3–0.7 MPa;
• Nozzle diameter: 5 mm;
• Abrasive granulation: 0.2–1.0 mm.

 
 

(a) (b) 

Figure 1. Photo of tribological tester T-11 (a) and scheme of frictional pair; P—load, G—heater,
n—rotational speed (b).
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During vapor blasting the pressure of the feeding system was set to 0.6 MPa, and the initial flux
angle was 60◦. Aloxite 95A-60-J was an abrasive material. Its chemical composition included 95%
of Al2O3; 2.5% of TiO2; 1.1% of SiO2; 0.3% of Fe2O3, and 1.1% of CaO. Aloxite 95A diameter was
0.3 mm. Duration of vapor blasting for each sample was 4 min. This treatment was performed in
such a way to obtain a value of the Sq parameter (root mean square height of the surface) close to
5 μm, while other surface topography parameters varied. Different values of other surface topography
parameters were obtained by slight changes of flux angle (between 55◦ and 65◦). Tribological tests
were carried out in dry friction conditions at an ambient temperature of 20–22 ◦C. The sliding speeds
were: 0.16; 0.32; 0.48, and 0.64 m/s, the sliding distance—282.6 m, and the normal load—9.81 N.
During tribological tests, wear products were removed from the test chamber using compressed air.
The number of test repetitions was three. The friction force was recorded during each test, while
after its completion the amount of wear was determined using a white light interferometer Talysurf
CCI Lite [21]. The measuring area was 3.29 mm × 3.29 mm, the sampling interval in perpendicular
directions was 3.3 μm. The measurements of the wear tracks were taken at four positions 90◦ apart.
Then, the profiles were extracted perpendicularly to the wear tracks and the wear cross-sectional areas
were calculated using TalyMap Gold 6.0 software. The calculation of volumetric wear of the disc
according to Equation (1) was the next step.

VD = πds (1)

where: d—diameter of the wear track [mm], s—cross-sectional area of the wear track [mm2].
Sq is the standard deviation for the amplitudes of the surface. This parameter characterizes

averaged surface amplitude, its sensitivity on the measurement errors is low. The Ssk (skewness of the
assessed surface topography) and Sku (kurtosis of the surface topography) are also height parameters,
however, they describe the shape of the ordinate distribution. The combination of the skewness
and kurtosis allow to identify steep slopes and deep valleys on the surface. The fastest—decay
autocorrelation length Sal, belonging to spatial parameters, describes the character of the surface
autocorrelation function. It is a shortest autocorrelation length for which the autocorrelation function
decays to 0.2 value in any possible direction. The peak density Spd, which is the feature parameter,
is the number of peaks on a unit sampling area. The hybrid parameter Sdq is the root-mean-square
value of the surface slope within the sampling area. Both Spd and Sdq are frequently used in contact
mechanics. The remaining functional parameters Spk (reduced peak height), Sk (core roughness depth),
and Svk (reduced valley depth) characterize heights of three profile parts: Peak, core, and valley,
respectively [1]. They are obtained on the basis of the material ratio curve (Figure 2). These parameters
are important from the tribological point of view.

Table 1 presents selected surface topography parameters according to [1] of tested discs, and
Figure 3 isometric views of some of them.

Table 1. Surface topography parameters of disc samples.

Parameter
Designation of Tested Discs

S1 S2 S3 S4 S5 S6 S7 S8 S9

Sq (μm) 4.89 5.11 4.97 5.21 4.93 4.98 4.91 5.17 4.94
Ssk −0.767 −0.654 −0.856 −0.324 −0.419 −0.328 −0.847 −0.182 −0.061
Sku 8.78 4.72 6.9 3.97 4.02 3.34 6.79 3.36 3.82

Sal (mm) 0.0245 0.0267 0.0294 0.0401 0.0321 0.0883 0.0247 0.0682 0.0332
Spd (1/mm2) 404 387 307 315 935 639 404 729 1181

Sdq 0.826 0.752 0.718 0.644 0.951 0.745 0.804 0.839 1.19
Sk (mm) 6.79 10.5 6.42 12.1 10.5 10.4 6.97 11.3 11.2

Spk (mm) 5.99 4.74 6.08 4.59 4.45 3.77 6.14 4.39 4.6
Svk (mm) 8.34 7.98 9.52 6.52 6.82 5.75 9.69 5.79 5.59
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The texture aspect ratio of the disc surfaces Str, not shown in Table 1, which is the ratio of the
fastest to the slowest decays of the autocorrelation function to 0.2 value, was between 0.808 and
0.919, indicating the isotropic character of the tested surfaces. Vapor blasted disc samples were also
characterized by the negative skewness Ssk and the value of the kurtosis Sku between 3.34 and 8.78.

0 20 40 60 80 100 %

Parameters Value Unit
Sk 4.88 μm
Spk 2.27 μm
Svk 3.59 μm

Sk

Spk

Svk

1 2

Figure 2. Graphical interpretation of the Spk, Svk, and Sk parameters.
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Figure 3. Isometric views of selected discs: S1 (a), S8 (b).

3. Results and Discussion

Figure 4 shows the results of the volumetric wear calculation of the discs (VD), while Table 2
presents the other tribological parameters. For all frictional pairs, volumetric wear of the ball (VB),
the friction distance necessary to obtain a stable value of the friction force (DSS), the average value
of the friction force (Fav), as well as the value of the friction force obtained for the sliding distance
equal to 35 m (F35) are presented The running-in process of all tested frictional pairs was finished for
sliding distances between 65 and 109 m. After running-in, the friction force obtained the stable value.
The sliding distance of 35 m was chosen to analyze progress of running-in of tribological systems.
Figure 5 shows the cross-sectional areas of wear tracks of selected discs.
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Figure 4. Volumetric wear levels of disc samples.

Table 2. Results of tribological tests.

v [m/s] Parameter
Disc Surface

S1 S2 S3 S4 S5 S6 S7 S8 S9

0.16

VB (μm3) 0.0315 0.0346 0.0318 0.0382 0.0344 0.0375 0.0338 0.0392 0.0385
DSS (m) 109 97 98 112 94 129 95 106 98
Fav (N) 8.480 8.293 8.146 8.695 8.156 8.176 8.134 8.208 8.191
F35 (N) 3.576 3.888 4.074 4.058 3.906 3.252 3.66 4.338 4.121

0.32

VB (μm3) 0.0396 0.0382 0.0411 0.0468 0.0459 0.0496 0.0477 0.0502 0.0481
DSS (m) 112 96 82 115 112 73 81 82 74
Fav (N) 8.760 8.277 8.570 8.172 8.141 8.228 8.361 8.213 8.156
F35 (N) 5.892 6.414 4.974 6.744 4.206 7.122 5.568 6.156 5.256

0.48

VB (μm3) 0.0381 0.0366 0.0401 0.0439 0.0425 0.0466 0.0452 0.0489 0.0456
DSS (m) 98 92 92 88 91 89 95 78 82
Fav (N) 7.946 8.006 7.967 8.168 7.989 8.201 8.102 8.099 7.987
F35 (N) 4.513 4.698 4.899 5.821 4.609 4.108 5.404 4.556 4.502

0.64

VB (μm3) 0.0379 0.0392 0.0391 0.0408 0.0415 0.0422 0.0354 0.0469 0.0454
DSS (m) 96 88 80 92 96 92 98 74 78
Fav (N) 7.811 7.969 7.906 7.856 7.988 8.065 7.803 8.084 8.006
F35 (N) 5.635 6.211 4.747 6.565 4.609 6.621 5.403 4.598 5.152
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Figure 5. Cross-sectional areas of worn discs: S1 (a), S3 (b), S4 (c), S8 (d) at the sliding speed of v = 0.16 m/s.

The highest value of wear volume of the discs (VD = 0.411 mm3) at a sliding speed of v = 0.16 m/s
was observed for the S8 sample. It corresponded to the highest value of F35 parameter. The value of
the friction force obtained after a sliding distance of 35 m was 4.338 N. On the other hand, the smallest
value of the VD parameter for the frictional pair with S7 disc was equal to 0.206 mm3. In this case the
smallest value of the DSS parameter (apart from the S5 disc) was also found. The coefficient of friction
μ ranged from 0.83 (disc S7) to 0.89 (disc S4).

An increase in the sliding speed to 0.32 m/s caused an increase in the wear volume of the discs.
Similar to the sliding speed of v = 0.16 m/s, the highest value of the VD parameter was obtained for the
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tribological system with the S8 disc, and it was 0.836 mm3. The smallest value of volumetric wear was
observed when the frictional pair contained S1 disc, and it was 0.508 mm3. This value corresponded
to the longest distance necessary to obtain a stable value of the friction force (112 m). In this case,
the highest average value of the friction force Fav was also observed. At a sliding speed of 0.32 m/s the
coefficient of friction μ achieved values from 0.83 (disc S5) to 0.89 (disc S1).

An increase in the sliding speed from 0.32 to 0.48 and 0.64 m/s did not lead to an increase in the
volumetric wear of the discs. Moreover, in most cases the VD and VB parameters were slightly reduced.
The smallest VD values were calculated for S1 disc (at v = 0.48 m/s) and S7 disc (at v = 0.64 m/s) and
they were 0.497 and 0.462 mm3, respectively. In both cases, the tribological systems were characterized
by the highest values of the DSS parameter among other friction pairs and in both cases the value of
the DSS parameter achieved 98 m. The sliding pair with the highest wear volume for both sliding
speeds contained S8 disc sample. In this case the VD parameter obtained 0.777 mm3 at v = 0.48 m/s
and 0.861 mm3 at v = 0.64 m/s.

At a sliding speed of 0.48 m/s, the friction coefficient μ ranged from 0.81 (disc S1) to 0.84 (disc S6),
while at 0.64 m/s from 0.79 (disc S7) up to 0.82 (disc S8).

The wear tracks visible on the cross-sectional areas of the discs Figure 5c, d don’t have spherical
shapes. This may indicate that during the co-acting of the elements, the initial non-conformal contact
changed into a conformal [22]. The wear volume of discs was proportional to the volumetric wear of
balls; the linear coefficient of correlation was between 0.69 and 0.94.

Surface topography analysis showed the formation of a one-directional (radial) texture after wear
tests. The values of the Str parameter obtained after tribological tests were in the range of 6.2%–11.1%
being characteristic for the surfaces after abrasive wear. Figure 6 presents isometric views of S4 and
S6 discs after investigations and details of worn surfaces of these discs. The Str parameter of the S4
sample was 6.7%, and for the S6 it equaled to 9.9%. Figure 7 presents isometric views of balls co-acting
with S4 and S6 discs after tribological tests, as well as slices of worn surfaces of those balls. The Str
parameter of the ball co-acted with the S4 disc was 12.6%, while of the ball contacted with the S6 disc
was 10.9%. The values of the Str parameter of all balls did not exceed 15%, creating a surface texture
similar to that of the discs. The mean square deviation of the surface height Sq was 2.51 μm for the ball
co-acting with the S4 disc and 2.34 μm for the ball co-acting with the S6 disc (Figure 7c,d).
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Figure 6. Isometric views of the discs S4 (a) and S6 (b) after tribological tests and details of their worn
surfaces S4 (c), S6 (d).
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Figure 7. Isometric views of worn balls co-acting with the discs S4 (a) and S6 (b) and details of their
worn surfaces co-acting with the discs S4 (c), S6 (d).

Similar to discs with a small surface height [11], abrasion was the dominant wear mechanism
(Figure 8) which can be also related to high disc amplitudes. As a result of the co-action between
sliding elements, truncation of the summits of the disc surfaces took place, which resulted in the
creation of a new anisotropic surface texture. The craters appearing on the disc surfaces were slightly
larger compared to the discs with a small surface height [11].

One can also see smooth areas with longitudinal grooves resulting from plastic deformation of disc
surfaces. The increase in sliding speed did not cause significant changes of tested disc topographies.
Wear of balls was significantly lower than wear of discs. This was caused by higher hardness of balls
compared to that of discs. Ball surfaces were very smooth, but the presence of some abrasive particles
aligned in the direction of sliding was visible. This indicated three-body mode of abrasive wear where
worn material was not removed completely from the contact zone.

The coefficient of the linear correlation R was used to search for relationships between tribological
and surface topography parameters. The value of the correlation coefficient is in the range [−1,1].
The higher absolute values of R point out the stronger linear relationship between the variables.
A strong linear relationship occurring at all sliding speeds was found for the VD-Ssk (skewness) and
VD-Sku (kurtosis) pairs. The Ssk parameter informs about the nature of the surface and it is sensitive on
occasional deep valleys or high peaks. Zero skewness indicates a symmetrical height distribution [23].
The value of the skewness depends on whether the material is above (negative skewed) or below
(positive skewed) the mean plane. The Sku parameter informs about the sharpness of the surface
topography ordinate distribution. A value of Sku of 3 indicates a normal height distribution, if Sku < 3
surface has relative few high peaks and deep valleys; whereas if Sku > 3, it has many high peaks and
deep valleys [24].

The coefficient of the linear correlation R between volumetric wear of discs and the Ssk parameter
ranged from 0.88 (for v = 0.48 m/s) to 0.92 (for v = 0.16 m/s), while between VD and Sku, from −0.87
(for v = 0.24 m/s) to −0.91 (for v = 0.48 m/s).

Examples of dependencies between wear volume VD and Ssk and Sku parameters at different
sliding speeds are shown in Figure 9.
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(d) 

 

Figure 8. Worn surface of S4 disc (a,c) and co-acting ball (b,d) at the sliding speed of v = 0.16 m/s (a,b)
and v = 0.64 m/s (c,d).

The lowest values of volumetric wear of the discs were achieved for the minimum values of the Ssk
parameter and the maximum values of the Sku parameter. The Sku parameter of the discs was inversely
proportional to the Ssk parameter. The coefficient of linear correlation between these parameters was
−0.97. This relationship is characteristic for stratified surfaces like plateau honed cylinder texture—the
negative skewness Ssk typically corresponds to the high kurtosis Sku [6]. The negative skewness can
improve contact conditions by reducing the plasticity index, which in turn can cause the reduction of
wear volume. The skewness Ssk is more tribologically important than the kurtosis Sku. The kurtosis
is more sensitive to individual peaks or grooves presences [25]. Therefore, the dependence Ssk–VD
seems to be more substantial than Sku–VD. Similar results were obtained in [11] and partially in [22]
under dry friction conditions and in [12] under lubricated regime.

A strong linear dependency occurring at all sliding speeds was also found between volumetric
wear of the discs and parameters characterizing the areal material ratio: Sk (core roughness depth),
Spk (reduced peak height), and Svk (reduced valley depth). The Svk parameter characterizes the
performance of surface in a regime of lubrication while the Spk parameter can provide information
on the surface’s wear resistance during the running-in (the lower value of the Spk, the greater wear
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resistance). The roughness height Sk, however, determines the roughness height after running-in and
characterizes surface properties in a steady-state period [26]. Depending on the sliding speed, the
values of the coefficient of linear correlation R oscillated in the ranges: From 0.82 to 0.88 (for VD and
Sk), from −0.76 to −0.85 (for VD and Spk), and from −0.84 to −0.89 (for VD and Svk).
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Figure 9. Dependencies between wear volume VD and Ssk (a,c,e) and Sku parameters (b,d,f) at the
sliding speed of: (a,b) v = 0.16 m/s; (c,d) v = 0.32 m/s; (e,f) v = 0.48 m/s.

Figure 10 shows dependencies between parameters Spk and Svk and volumetric wear VD at
sliding speeds v = 0.16 m/s (a), v = 0.32 m/s (b), and v = 0.48 m/s (c). Areas marked in red indicate
higher values of the VD parameter, while green color presents areas corresponding to less wear on
the discs. Dependencies between the core roughness height Sk and the volumetric wear are shown in
Figure 11.

After analysis of the obtained results, one can see that increases in the values of Spk and Svk
parameters corresponded to a decrease in the wear volume of the disc (Figure 9). However, the effect
of the Spk and Svk parameters on the disc volumetric wear seems to be not substantial. The effect of
the Spk parameter is important only during running-in and the Svk parameter is related to starved
lubrication. The proportionality between the Sk parameter and volumetric wear of disc is probably
substantial. The Sk parameter governs tribological properties of machined elements in a steady-state
period. One can see from the analysis of Figure 4 that wear depth of disc is a little higher than initial
surface height, so the effect of the Sk parameter on disc wear can be important. For all surfaces tested
the Svk parameter was higher than the Spk parameter, which is related to the negative skewness Ssk.
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Figure 10. Dependencies between wear volume VD and Spk and Svk parameters at the sliding speed
of v = 0.16 m/s (a), v = 0.32 m/s (b), v = 0.48 m/s (c).
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The disc volumetric wear VD was proportional to the correlation length Sal (R was between 0.54
and 0.84). This dependence can be explained by the tendency to obtain the higher Sal parameter for
the bigger surface height, determined by the Sk parameter. The remaining surface texture parameters:
The rms slope Sdq and the peak density Spd were not strongly correlated with tribological parameters.

The volumetric wear levels were typically not correlated with parameters characterizing the
friction force DSS, Fav, and F35. Only for the highest sliding speed v = 0.64 m/s the average friction force
Fav was proportional to wear levels of disc VD and balls VB; the coefficients of the linear correlation R
amounted to 0.83 and 0.94, respectively.

4. Conclusions

The results of the conducted research indicated many significant relationships between surface
topography parameters and the tribological properties of tested samples.

Ssk and Sku parameters characterizing the shape of the surface ordinate distribution had significant
impacts on the volumetric wear. A decrease in the value of the Ssk parameter and an increase in the
value of Sku led to a reduction in the wear volume.

The wear volume of discs was also strongly correlated with the parameters characterizing the
areal material ratio curve. It was shown that an increase in the value of the parameter Sk caused an
increase in the volumetric wear level.

Wear of balls was proportional to wear of disc. An increase in the sliding speed resulted in a
reduction in the coefficient of friction of the tribological system.
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Abstract: Ionic liquids have unique characteristics, which render them ideal candidates as new base
oils or additives. In particular, there are great expectations from the combination of diamond-like
carbon and cyano-based ionic liquids. Lubricating properties of cyano-based ionic liquids have
been studied on specific tetrahedral amorphous carbon (ta-C) films. After lubrication, ta-C film/ta-C
film contact interface exhibits exceedingly low friction. Therefore, it is necessary to understand this
low friction phenomenon. The current study evaluated the lubricating mechanism of cyano-based
ionic liquids against ta-C films. 1-Butyl-3-methylimidazolium dicyanamide ((BMIM)(DCN)) and
1-butyl-3-methylimidazolium tricyanomethane ((BMIM)(TCC)) were used as lubricants, with the
latter exhibiting low friction coefficient of 0.03. Steel cylinders and disks with ta-C films were used
as test specimens. Raman spectroscopy, matrix-assisted laser desorption/ionization time-of-flight
mass spectrometry, and thermogravimetric analysis (TGA) helped us understand the mechanism of
low friction induced by (BMIM)(TCC). Graphitization of the ta-C film at high temperatures might
have caused the reduction in friction between the films. Similarly, anion adsorption on the worn
surface at high temperatures also led to reduced friction. However, the TGA result showed a different
trend than that of the sliding test. Our results indicate that the cyano-based ionic liquids underwent
tribo-decomposition at low temperatures. Further, a minimum temperature was required for the
adsorption of anions onto the sliding surface.

Keywords: friction reduction; ionic liquid; lubrication; surface chemistry; tetrahedral amorphous carbon

1. Introduction

“Ionic crystal” is a solid-state material consisting of cations and anions, such as sodium chloride,
sodium acetate, and ammonium chloride. Despite being a salt, ionic liquids exist in the liquid phase at
a temperature of 100 ◦C or lower [1–3]. They are good candidates as new lubricant oils or additives
because of their unique characteristics, including their non-volatility, low vapor pressure, the ability
to remain in the liquid phase over a wide temperature range, low viscosity, and an infinite number
of ion combinations [4–8]. Kondo et al. reported the use of ionic liquids as adsorption films for
magnetic thin films inspired by the use of ionic liquids in the tribology field [9–11]. Ionic liquids that
include elemental fluorine exhibit low friction at steel/steel contacts due to the generation of ferrous
fluoride. However, severe corrosion occurs on the worn surface, and hazardous hydrogen fluorine is
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produced through reaction with moisture [12–14]. This corrosion can be prevented with the use of
ionic liquids under inert atmosphere, but the corrosion may occur after the atmospheric relief [15].
From the viewpoint of environmental conservation, the usage of halogen-free ionic liquids is desirable.
There are various types of halogen-free ionic liquids. The sulfate- and phosphate-based ionic liquids
form reaction films on the worn surface at steel/steel contacts, thereby leading to low friction coefficient
or small wear volume [16]. The cyano-based ionic liquids exhibit low friction via the formation of an
adsorption film of their anions [17–20]. Boron-based ionic liquids also exhibit low friction; however,
the detailed mechanism is still not clear [21]. Further, various cations are also being investigated,
which include phosphonium and ammonium cations. They increase the solubility of the ionic liquids
in the base oils and make it possible to study them as lubricant additives [22–25]. In addition, very low
friction caused by the ionic liquids has been reported in recent years. One of the applications is their use
as a swelling agent for polymer brushes [26–28]. These polymer brushes exhibit an ultra-low friction
coefficient of less than 0.01 [27,28]. Diamond-like carbon (DLC) is also used as one of the effective
friction materials for reducing friction between surfaces [29,30]. Lubricating properties of cyano-based
ionic liquids in steel/DLC and DLC/DLC contacts have been evaluated, and these combinations have
been reported to exhibit low friction [17,20,31–33]. Further, AISI52100/tetrahedral amorphous carbon
(ta-C) film and ta-C film/ta-C film contacts exhibited very low friction of 0.02 and 0.018, respectively.
The combination of a cyano-based ionic liquid and ta-C film has the potential to be a novel lubrication
system. However, a detailed lubricating mechanism for this combination is poorly understood.

In this study, the lubricating properties of cyano-based ionic liquids against a ta-C film were
evaluated using a reciprocating sliding friction and wear tester. We focused on the conditions at
which low friction was observed and the relationship of the molecular structures of cyano-based
ionic liquids and ta-C film. Two types of cyano-based ionic liquids, 1-butyl-3-methylimidazolium
dicyanamide (BMIM)(DCN) and 1-butyl-3-methylimidazolium tricyanomethane (BMIM)(TCC), were
used as lubricants. In order to clarify the reason for the low friction, various investigations were
made using techniques including thermogravimetric analysis (TGA), Raman spectroscopy, and
matrix-assisted laser desorption/ionization time-of-flight mass spectrometry (MALDI-TOF/MS).

2. Materials and Methods

2.1. Lubricants and Materials

In this study, (BMIM)(DCN) and (BMIM)(TCC) purchased from Merck (Darmstadt, Germany)
were used as lubricants. The molecular structures and physical properties of these ionic liquids are
listed in Tables 1 and 2, respectively. Their viscosities were measured with a tuning fork vibration
viscometer (SV-1A, A&D Company, Tokyo, Japan). Their purity and melting points were catalog values.

Table 1. Molecular structures of cyano-based ionic liquids. 1-Butyl-3-methylimidazolium dicyanamide
((BMIM)(DCN)); 1-butyl-3-methylimidazolium tricyanomethane ((BMIM)(TCC)).

(BMIM)(DCN)

(BMIM)(TCC)
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Table 2. Physical properties of the ionic liquids.

Name (BMIM)(DCN) (BMIM)(TCC)

Viscosity (50 ◦C) 11.6 [mPas] 11.1 [mPas]
Melting point <−50 [◦C] <−50 [◦C]

Purity >98 [%] >98 [%]

AISI 52,100 steel cylinders (diameter: 15 mm; length: 22 mm; HRC60) and AISI 52100 steel disks
(diameter: 24 mm; thickness: 7.9 mm; HRC60) with a ta-C film coating were used as sliding materials.
The cylinders and disks were procured from Test Materials (Tokyo, Japan). The ta-C film-coated steel
disks were produced by the ITF Co. (Kyoto, Japan) by arc ion plating. Table 3 lists the properties of the
ta-C film. The hardness of this film was measured with a tribo-indenter (Ti950, Hysitron, Minneapolis,
MN, USA), and the coating thickness was measured with a coating thickness analyzer (Calotest, Anton
Paar Tritec SA, Neuchâtel, Switzerland).

Table 3. Physical properties of the ta-C film.

Roughness Ra = 0.01 [μm]

Hardness 73 [GPa]
Film thickness 1.0 [μm]

Hydrogen content <1.0 [at%]
Interlayer Cr

2.2. Sliding Tests

The lubricating properties were evaluated with a reciprocating sliding tester (SRV4, Optimol,
Langenbach, Germany). Before testing, the specimens were ultrasonically cleaned with a mixed
solution of petroleum benzine and acetone at 1:1 ratio for 10 min. Then, 90 μL of the ionic liquid was
applied to the disk surface. The operating parameters for the sliding tests were as follows: temperature
of 30–290 ◦C, programmed heating rate of 10 K per 5 min, air atmosphere, load of 50 N, reciprocating
frequency of 50 Hz, and amplitude of 1 mm. The sliding test was stopped when a sharp increase in the
friction coefficient was reached. Constant temperature sliding tests were conducted at approximately
30 ◦C, and the temperature at which a low friction coefficient was achieved was determined to study
the mechanism of low friction. The operating parameters were as follows: load of 50 N, sliding time
of 30 min, reciprocating frequency of 50 Hz, and amplitude of 1 mm. This sliding test was stopped
when the friction reduction effect was observed. The tests were confirmed to be reproducible. After
the sliding tests, the disk specimens were ultrasonically cleaned with a mixed solution of petroleum
benzine and acetone for 10 min. The surface images of the disk specimens after the sliding tests
were obtained using a laser microscope (VK-X150, Keyence, Osaka, Japan). Each surface profile was
obtained by a surface profile meter (SURFCOM 1500SD3, ACCRETECH, Tokyo, Japan), with respect to
the vertical direction of the wear track.

2.3. Raman Spectroscopy

The structural changes in the wear track of ta-C films were investigated by Raman spectroscopy
(inVia Raman Microscope, Renishaw, Gloucestershire, UK). The Raman spectrometer used a 532 nm
YAG laser with a maximum output power of 2.5 mW in conjunction with an objective lens at 50x
magnification. The Raman spectra of the amorphous carbon showed some prominent features (D-peak
at approximately 1300–1400 cm−1 and G-peak at 1500–1600 cm−1) [34]. The increase in the ratio of
the D-peak to G-peak intensities (ID/IG) indicates the degree of graphitization of the ta-C film [35].
Graphitization (increase in ID/IG) of the film is known to influence the friction behavior [36]. In this
study, the degree of graphitization was estimated by calculating the ID/IG ratio.
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2.4. MALDI-TOF/MS Analysis

The surface information for the worn surface of each disk was obtained by MALDI-TOF/MS
analysis (autoflex speed, Bruker, Billerica, MA, USA). The wavelength of the laser was 337 nm,
acceleration voltage was 20 kV, and step size was 100 μm. The measurement area was approximately
9 mm2 (3 × 3 mm2). The reflected mode was used for the analysis, and the laser beam diameter
was 100 μm. The measured mass range was 1–3000 m/e. Before analysis, the sample surface was
ultrasonically cleaned with a solution of petroleum benzine and acetone for 10 min.

2.5. Thermogravimetric Analysis

The thermal stability of the used ionic liquids was evaluated by TGA (TG-DTA2010SA, Bruker,
Billerica, MA, USA). TGA of the samples was carried out in aluminum pans in nitrogen atmosphere in
a temperature range of 30–500 ◦C at a programmed heating rate of 10 K/min.

3. Results

3.1. Friction Tests

Figure 1 shows the frictional behavior of each cyano-based ionic liquid at an elevated temperature.
In the case of (BMIM)(DCN), the friction coefficient gradually increased with the temperature. A
reduction in friction was observed at 170 ◦C. The friction coefficient was approximately 0.07. After this,
a sharp increase in the friction coefficient was observed at 210 ◦C, because the ta-C film might have
peeled from the substrate. When (BMIM)(TCC) was used, the friction coefficient gradually increased
with the temperature. At 90 ◦C, the friction coefficient decreased to approximately 0.03. A sharp
increase in the friction coefficient was then observed at 110 ◦C, which confirmed that the temperature
affected the reactivity of the ionic liquids. We performed the sliding test at a constant temperature
and confirmed the time-dependence of the friction coefficient to clarify the effect of temperature.
Figure 2 shows the frictional behavior of the ionic liquids at 30 ◦C, and the temperature at which a
low friction coefficient was achieved. To determine the temperature corresponding to the low friction
coefficient of the ionic liquids, friction tests were conducted at 170 ◦C and 100 ◦C for (BMIM)(DCN)
and (BMIM)(TCC), respectively. Figure 3 shows an image of the worn surface of the ta-C film obtained
with a laser microscope. Figures 4 and 5 show the worn surface profiles of the ta-C film lubricated
with each ionic liquid. At 30 ◦C, both ionic liquids showed stable friction behaviors and small surface
wear. At the temperature corresponding to the low friction coefficient, the reduced friction of each
ionic liquid was confirmed. Further, the progression of wear was confirmed in comparison with the
results obtained at 30 ◦C.

110



Coatings 2020, 10 , 153

 

Figure 1. Friction behaviors of (BMIM)(DCN) and (BMIM)(TCC) at elevated temperatures.

Figure 2. Frictional behavior of (BMIM)(DCN) and (BMIM)(TCC) at each temperature.
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Figure 3. Images of the worn surfaces of ta-C films subjected to friction under different conditions.

 

Figure 4. Surface profile of (BMIM)(DCN).
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Figure 5. Surface profile of (BMIM)(TCC).

3.2. Raman Spectroscopy

Raman spectroscopy was performed to investigate the structural changes in the ta-C film. Figure 6
shows the Raman spectra of ta-C films after each sliding test when lubricated with (BMIM)(DCN) or
(BMIM)(TCC). Figure 7 shows the ID/IG ratio of the ta-C films. The interior and exterior parts of the
wear track of the ta-C films were analyzed. At 30 ◦C, no major difference was observed between the
interior and exterior parts of the wear track. The graphitization proceeded on the worn surface at the
temperature corresponding to the low friction coefficient. It is possible that the graphitization of the
ta-C film was responsible for the reduced friction.

3.3. MALDI-TOF/MS Results

The surface information about the worn surface of the disks was obtained using MALDI-TOF/MS
(autoflex speed, Bruker, Billerica, MA, USA) to determine the material that caused the reduction in
friction. Selected cations and anions for the investigation are as follows: (EMIM) cation = 111, (BMIM)
cation = 139, (DCN) anion = 66, and (TCC) anion = 90. In addition, no other matrix was used in this
surface analysis because ionic liquids themselves are widely used as a matrix [37]. In other words,
if the ions derived from the ionic liquids adsorb to the worn surface, the mass spectra and mapping
images can be obtained. From the area where the ions of the ionic liquid are not adsorbed to the
surface, no data should be obtained [37]. Figure 8 shows the mapping images of the disk specimens
obtained by MALDI-TOF/MS. Few cations and anions were detected at 30 ◦C. However, anions were
adsorbed on the worn surface at the temperature corresponding to the low friction coefficient. Further,
the cation content was small compared to that of the anion.
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Figure 6. Results of the Raman spectroscopic analyses. (a) (BMIM)(DCN) 30 ◦C, (b) (BMIM)(DCN)
170 ◦C, (c) (BMIM)(TCC) 30 ◦C, and (d) (BMIM)(TCC) 100 ◦C.

 

Figure 7. ID/IG ratio of (BMIM)(DCN) and (BMIM)(TCC).
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Figure 8. Mapping images of the ta-C film obtained using matrix-assisted laser desorption/ionization
time-of-flight mass spectrometry (MALDI-TOF/MS).

3.4. Thermogravimetric Analysis

The ambient temperature affected the reaction of anions with the surface, whereas the cations did
not strongly interact with the surface, as determined by MALDI-TOF/MS analysis. The interaction
force between cations and anions in the ionic liquid is presumably an important factor. The stability
of the ionic liquids was analyzed by TGA to investigate the ionic interaction as well. Figure 9
shows the TGA results. The temperatures corresponding to a weight loss of ~5% are 300 ◦C for
(BMIM)(DCN) and 344 ◦C for (BMIM)(TCC). This result seems to contradict the results of the sliding
test at elevated temperatures.

 

Figure 9. Thermal stability of (BMIM)(DCN) and (BMIM)(TCC).
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4. Discussion

In this study, the reduction in friction between steel disks lubricated with (BMIM)(DCN) and
(BMIM)(TCC) was confirmed at 90 ◦C and 170 ◦C, respectively. With regard to the friction reduction
mechanism of DLC, graphitization of DLC at the friction interface has been pointed out as the
cause [31–36]. The results of Raman spectroscopy indicated that the graphitization of the ta-C film
progressed on the worn surface at the temperature corresponding to the low friction coefficient,
which affected the friction behavior. Graphitization was likely caused by the combination of ambient
temperature and friction heat. However, the temperature at which the friction was reduced was
different for the two cyano-based ionic liquids studied, and another factor influencing the reduction
in friction can be predicted. As another possible factor responsible for the reduction in friction, the
adsorption of ionic liquids on the friction surfaces was considered. MALDI-TOF/MS analyses indicated
that the anions from the ionic liquid adsorbed on the worn surface at the temperature corresponding
to the low friction coefficient. The presence of anions on the worn surface and the reduction in friction
due to the adsorbed anions have often been reported [19,20,32,37,38]. It has been reported that the ta-C
film surface is reactive due to the presence of dangling bonds and reacts with the lubricants [31]. Thus,
it is presumed that anions are adsorbed onto the dangling bonds of the ta-C film through covalent
bonding, and that the adsorption of anions dominates the friction behavior. Further, as only anions are
adsorbed on the worn surface at the temperature of low friction, we speculate that the decomposition
temperature of the ionic liquids is an important factor determining the friction characteristics. However,
the relationship between the ion interaction and lubricating property could not be obtained from the
TGA results. Therefore, we believe that the ionic liquids underwent tribo-decomposition on the worn
surface at 30 ◦C. The anion adsorption is likely to require a high ambient temperature. Thus, both ionic
liquids showed low friction at the temperature corresponding to the low friction coefficient. Moreover,
the (TCC) anion more easily reacted with the ta-C film than the (DCN) anion. The worn surface likely
became brittle as a result in the latter case, leading to accelerated wear.

5. Conclusions

The lubricating properties of two cyano-based ionic liquids against the ta-C film were investigated
using a reciprocating sliding tester. In addition, the lubricating mechanism was investigated using
MALDI-TOF/MS, TGA, and Raman spectroscopy.

The main findings are as follows:

• The lubricating property of each cyano-based ionic liquid against the ta-C film was influenced by
the anion structure and ambient temperature. (BMIM)(TCC) exhibited exceedingly low friction at
170 ◦C.

• Raman results indicated the occurrence of the graphitization of the ta-C films lubricated with
(BMIM)(DCN) and (BMIM)(TCC) at the temperature corresponding to the low friction coefficient,
which might have affected the friction behavior.

• MALDI-TOF/MS analyses indicated that anions were adsorbed on the worn surface at the
temperature corresponding to the low friction coefficient. The cation content on the worn surface
was small compared to the anion content. Therefore, it is speculated that the adsorption of anions
also affects the friction behavior.

• We found a contrary trend to that of the sliding test at elevated temperatures with TGA. The ionic
liquids might have experienced tribo-decomposition on the worn surface at 30 ◦C. Anion adsorption
requires a high ambient temperature.
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Abstract: Surface texturing is an option of surface engineering resulting in reduction of friction due
to the creation of isolated dimples or grooves on sliding surfaces. The purpose of this work is to find
the effect of the groove bottom profiles on the reduction of the friction force. Investigations were
conducted using an Optimol SRV5 tribotester equipped with a pin-on-disc module. A disc made of
42CrMo4 steel, with a 100 mm diameter acted as a sample. A counter-sample was made of the same
material, however, its diameter was 20 mm. The sliding conditions were selected to be similar to
those of a sliding crankpin bearing pad operating in a high-performance internal combustion engine.
Surface texturing was found to be beneficial for a reduction in the friction coefficient up to 55% in
comparison to the untextured disc. Tribological performances of discs with spiral groove patterns
were better than those with a radial layout. In most cases the convergent profile of the groove bottom
was superior to the dam shape.

Keywords: surface texturing; pin-on-disc; conformal contact; friction force; lubricated sliding

1. Introduction

Surface texturing is one of the fundamental methods of changing sliding conditions under
lubrication. As a result of surface texturing a decrease in wear and better efficiency of mechanisms can
be achieved [1–5]. Typically, beneficial effects of surface texturing in mixed and boundary lubrications
are larger than those found under full film lubrication [4]. Many years ago a surface directionality was
found to be a way to improve tribological performances of sliding elements [6]. Therefore, structures
with parallel or cross-hatched grooves [7–10] were created. Textured surfaces with isolated dimples
are also used [11–15].

The orientation of grooves to the sliding direction is very important from the tribological point of
view. Petterson and Jacobson [16] found that in a regime of starved lubrication grooves positioned
perpendicularly to the sliding direction led to smaller frictional resistance compared to their location
parallel to the direction of motion. Perhaps when the ball slid along the grooves there was a small
probability for a very small area of contact to cross an oil reservoir. Moronuki and Furukawa [17]
obtained similar results after sliding tests between textured Si and planar Si in a low contact pressure
regime. These results were caused by minimizing the adhesion force by the grooves perpendicular
to sliding due to water capillary. The experimental research conducted by Yuan et al. [18] revealed
that under a low contact pressure the grooves orthogonal to the movement direction caused more
decrease in the coefficient of friction that those oriented along the sliding direction. Probably the
strongest hydrodynamic lift was offered when the grooves were perpendicular to the sliding direction.
Ren et al. [19] obtained the same reason of the results of tribological investigations. They achieved the
beneficial effect of perpendicular orientation of grooves to the sliding direction on the frictional resistance
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under a slide-to-roll contact [19]. According to Zum Gahr et al. [20] the grooves perpendicularly
aligned to the direction of motion led to smaller friction force; this behavior is related to higher oil
film thickness than obtained for grooves parallel to the sliding direction. According to Costa and
Hutchings [21] and Duarte et al. [22] parallel textures guide the lubricant away from the contact leading
to a smaller film thickness and, thus, higher coefficient of friction. The authors of papers [10,23,24]
found that a decrease in the honing angle led to lower coefficient of friction of cylinder liner–piston
ring pack. Probably a small honing angle enhanced hydrodynamic action.

Generally, for one-directional surfaces, the main direction should be oriented orthogonally to the
direction of motion.

The effect of oil pockets orientation to the sliding direction for the chevron-shaped pattern was
studied by the authors of papers: [25–28]. They found that chevron pattern pointing along the direction
of motion could lead to film thickness growth. Wang [29] and Galda et al. [30] observed that orientation
of triangle-shaped oil pockets and dimples of long drop shape, respectively, had a substantial effect on
tribological behaviors of sliding pairs. The lowest friction force was achieved when one side border
orthogonal to the sliding direction first entered the contact zone.

The optimization of the dimple bottom profiles was done experimentally. Lu et al. tested
triangular [31] and squared [32] sloped dimples in lubricated line contact. The bottoms with the
converging shapes helped to minimize friction by generating hydrodynamic lift. Galda et al. [30]
obtained the same finding after testing dimples of the long drop shape with the sloped bottoms.

Various fabrication techniques were used for surface texturing [33]. Laser texturing is the most
widely used, because this method seems to be the most flexible and efficient [1,11,13–15,34–36].
Abrasive jet machining can be an alternative to laser texturing [28,37–39]. The other methods include
electrochemical etching, lithography [12], photochemical texturing, burnishing (embossing) [30,40]
and some kinds of machining (honing [8–10] or grinding). A sharp tip can be also used for creating
grooves [41]. This process can be facilitated using machines equipped with CNC.

The main aim of this work is to find the effect of the groove bottom profiles on the friction
reduction, based on the diverging and converging characteristics of the textures. Similar experimental
investigations were done rarely.

Surface texturing highly depends on the application; it should be dedicated to a special tribological
system. The sliding conditions used in this work correspond to those of sliding crankpin bearing pad
operating in a high-performance internal combustion engine. Such pads are typically threatened by
severe wear, due to starved lubrication and high temperature in a race motorcycle engine. The attempt
was done to achieve low friction, wear and heat generation due to surface texturing.

2. Materials and Methods

A disc made of 42CrMo4 steel with a 100 mm diameter acted as a sample. A counter-sample
was made of the same material, however, its diameter was 20 mm. Samples and counter-samples
were heat treated to receive hardness of 40 HRC for the sample and 35 HRC for the counter-sample.
Textured discs had higher hardness than the counter-samples to increase their wear resistances. Due to
it wear of the textured sample was lower than that of the counter-sample leading to smaller friction and
prolonged life of the tribological system. The experiments were carried out using an Optimol SRV5
tribotester (produced by: Optimol Instruments Prüftechnik GmbH, Flößergasse 3, D-81369 München,
Germany) equipped with a rotary module. The method of fixing the counter specimen was modified
to ensure better aligning of the cooperating surfaces and eliminate fixing errors (Figure 1). The normal
load was 50 N, the rotational speed was 500 rpm and the friction radius was 20 mm. The attempt was
done to ensure the closest sliding parameters to those existed inside the motorcycle engine during
start phase. Tests were carried out in temperature of 30 ◦C. Before each test the sample and the holder
were heated up and hold in 30 ◦C for 5 min to stabilize the temperature. Temperature sensor was
located under the rotating disc inside the holder. Therefore, the heat generated by friction force was
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impossible to monitor precisely due to the heat dissipation. Surface textures of contacting elements
were measured by a white light interferometer Talysurf CCI Lite.

Figure 1. Scheme of counter-sample mounting; 1—sample (rotating disc), 2—self-aligning
counter-sample, 3—ball bearing, 4—ball bearing holder, 5—load transmitting rod, FR—friction radius
(a); view of test chamber (b).

In the beginning of each test a volume of 5 mL of semisynthetic motorcycle oil 10W40 T4 was
supplied to the test zone. There are the following parameters of a lubricant: kinematic viscosity
66 mm2/s (66 cSt) at 40 ◦C, and 13.5 mm2/s (13.5 cSt) at 100 ◦C, ignition temperature 180 ◦C, and a
freezing point of −18 ◦C. This specific oil was selected due to its designation to high-performance
motorcycle engines. Base surfaces of samples were ground and some of them were tested without
texturing as reference samples, their roughness parameter Ra was 0.25 ± 0.01 μm. Surface texturing
was made by precise milling. The milling process was chosen due to the great accessibility of CNC
mills. We tried to present the possibilities of using standard CNC machines in surface texturing instead
of using other techniques, like laser surface texturing, electrical discharge machining or etching, in
which additional devices are required. Moreover, thanks to careful production process planning it is
possible to create grooves by adding only one additional operation to CNC machine. That approach
does not lead to a high increase in the production cost. Three types of the milling process was used.
The first one required 5 axis CNC milling machine, where mounted disc was tilted by 0.5◦ from the
horizontal direction. This approach helped to form a groove of with a sharp edge on one side and a
convergent bottom on the other side (Figure 2).

Figure 2. Isometric view of the bottom of the groove of a sharp edge on one side and a convergent
bottom (left) and sample view with straight radial grooves of type 1 (right).

Other two types of created grooves were made with the use of sharp milling tool of 3 mm diameter
and ball milling tool of 6 mm diameter. With application of sharp milling tool positioned vertically to a
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sample the both sides sharp edge groove was obtained. This type acted in lubricated sliding conditions
as the both side dam (divergent) (Figure 3a).

Figure 3. Isometric view of a surface created: (a) using a sharp mill cutter with sharp edges from both
sides and (b) made with the use of a ball mill cutter.

Other type of a groove was made using a ball mill cutter; due to spherical shape of the tool light
slopes at the edges of the groove were obtained, its depth slowly increased from the sides to achieve
maximum value at the groove center. This geometry was called both side convergent (Figure 3b).

Figure 4 shows schemes of bottom profiles of grooves with sliding direction of the counter-sample.

Figure 4. Schemes of bottom profiles of grooves with marked sliding direction of the counter-sample.
(a) Convergent; (b) Dam; (c) Both side convergent; (d) Both side dam.

Discs with radial pattern of the grooves were called discs of type 1 (Figure 2). The spiral layout
was created to gather the lubricant to the contact zone and then to minimize oil loss. Discs of types 2
and 3 originated from different parts of Archimedes curve; the starting point of the curve was located
at a center of the disc. Discs of type 4 and 5 were made from the same parts of the curve, however,
starting points of the grooves were spaced from the centers of discs by 10 mm.

Due to milling tool positioning during five-axis machining a problem with precision occurred.
Shaping a spiral groove with an asymmetric profile was possible, however, in this case the groove
had different depths at its whole length. This problem was caused by adding positioning accuracies
of all five axes during simultaneous movement. This was the reason why spiral grooves had only
two bottom shapes: both side convergent and both side dam. These shapes required simultaneous
movement in only two axes, in the third axis the depth of material cut was set before spiral shape
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milling. The bottom profiles of the textures were defined by the shape of used mills. The convergent
bottom shapes were created to form lubrication wedges. The dam shapes are typically formed by laser
surface texturing or etching, therefore they were also taken into consideration.

Figure 5 shows photos of discs with spiral patterns of grooves and dimensions of guiding lines of
these grooves from the discs of types 2–4. There were 20 grooves on each disc. The number of test
repetitions was at least 3.

Figure 5. Views of discs of types 2 (a), 3 (b), 4 (c), and 5 (d) with dimensions of guiding lines.

Figure 6 shows isometric views of selected grooves from spiral discs. Table 1 presents dimensions
of grooves from various textured discs.
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Figure 6. Isometric views of grooves from discs of type 2: both side dam (left) and both side
convergent (right).

Table 1. Sizes of grooves from various textured discs.

Kind of the Groove
Width of the Groove

[mm]
Depth of the Groove

[μm]
Average Area of the Hole in the

Cross Section [mm2]

Type 1

Convergent 3.1 ± 0.1 24.7 ± 1.2 0.040900

Dam 3.15 ± 0.05 25.4 ± 1.4 0.041600

Both side convergent 1.6 ± 0.1 4.5 ± 0.4 0.001012

Both side dam 1.95 ± 0.05 28.8 ± 1.8 0.042000

Type 2

Both side convergent 0.61 ± 0.1 17.5 ± 3 0.003747

Both side dam 1.9 ± 0.05 23 ± 3 0.039697

Type 3

Both side convergent 0.6 ± 0.1 25.3 ± 1.8 0.003677

Both side dam 2.1 ± 0.05 30.4 ± 2.4 0.044300

Type 4

Both side convergent 0.6 ± 0.1 25.7 ± 1 0.003201

Both side dam 1.9 ± 0.05 30 ± 1 0.037354

Type 5

Both side convergent 0.56 ± 0.1 26.3 ± 2.2 0.002331

Both side dam 1.95 ± 0.05 16.9 ± 1.6 0.031540

One can see from the analysis of Table 1 that depths of the grooves were typically between 17
and 34 μm; both side convergent grooves from disc of type 1 of the lowest depth (4.5 μm) were the
exceptions. For discs with spiral patterns of grooves the main difference between grooves called both
side convergent and both side dam was width which was much larger in the latter case. The changes
of width affected also the area of the hole in the cross-section. Due to a difference in depths this area of
both side dam groove of disc 1 was also larger than that of both side convergent groove.

3. Results and Discussion

Figure 7 shows curves presenting friction forces versus time for the sliding pair containing the
untextured disc. Due to instability of the friction force, the number of test repetitions was 4. One can
see that the friction force after initial fluctuations increased as test progressed and obtained a stable
value after about 170 seconds. The final value of the friction force was between 3 and 6 N. In the middle
and final parts of tests large variations of the friction forces also occurred in most cases.
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Figure 7. Friction force versus time for assembly with an untextured disc.

Figure 8 presents friction force runs for assemblies with textured disc of type 1.

Figure 8. Cont.
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Figure 8. Friction force versus time for assemblies with a textured disc of type 1.

The course of the friction force curve for assembly with textured disc of type 1 with convergent
bottom profile was different from that of sliding pair with untextured disc. The friction force initially
sharply increased, obtained 1–1.5 N and then increased slowly. The final value of the friction force was
2.5–4 N. The scatters of the friction force between test runs and within the same test run were smaller
than those obtained for untextured assembly. The fluctuations of the friction force versus time (of the
shape similar to sinusoid) were probably caused by a rotation of the counter-sample (small disc).

The change of the bottom profile from convergent to dam caused higher scatter of the friction
force. In one test run the friction force increased abruptly, obtained the value about 2 N and then
increased very slowly – its final value was between 2.5 and 3 N. In two other runs, the friction forces
after obtaining value of about 3 N increased, but more quickly than in the mentioned latter test run
and finally obtained values between 4 and 6 N. In both cases scatters of the friction forces within test
run were comparatively large.

When both sides of the groove bottom profile were convergent, the final values of the friction
forces were comparatively small: 2–3 N. However the shape of the friction force curves varied. In one
test run the friction force was stable after about 300 seconds. In other cases the friction forces after
initial sharp growths slowly increased. The fluctuations of the friction forces within one test run were
lower than in the analysed previously cases.

A low variation of the friction force within the same test run was also observed for sliding pairs
containing both sides dam of the profile bottom in the middle and final parts of tests. The friction
forces after initial changes slowly increased and obtained the final values between 3.2 and 4 N; they
were higher compared to those obtained for the disc with convergent bottom shape from the both sides.

Figure 9 shows average friction coefficients with scatters for sliding pairs with untextured disc
and discs with straight radial groves (of type 1) during the whole tests as well as at the beginning
and at the end of tests. Values described as “the beginning of the test” were calculated as average
values between 60 and 360 seconds of the test. Average values calculated between 1500 and 1800 s
were described as “end of the test”. Average values at “whole test” were calculated between 60 and
1800 seconds. The first 60 seconds of each test were discarded due to instabilities of the friction forces.
One can see that the worst tribological performance was obtained for the assembly with untextured
disc. In this case both the mean value and the scatter of the coefficient of friction were the largest.
Textured discs led to lower frictional resistance particularly in the initial test parts. The convergent
profile bottoms from one and both sides seem to be better solution than the profile bottom of dam
shape. However, taking the scatter into consideration, there is difficult to find any difference between
the behaviors of textured samples of type 1.

Figure 10 presents curves characterizing the friction force versus time for assemblies with spiral
discs of types 2 and 3.
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Figure 9. Average friction coefficients with scatters for assemblies with an untextured disc and discs
with straight radial grooves (of type 1).

Figure 10. Cont.
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Figure 10. Friction force versus time for assemblies with a textured discs of type 2 and type 3.

A convergent disc of type 2 after initial sharp increase in a few seconds obtained stable value a
little smaller than 2 N. The fluctuation of the friction force was low.

Changing the bottom profile from convergent to dam for the disc of type 2 caused an increase in
the friction force, its variation also increased between and within test runs. After a few seconds the
friction force obtained values of 3–4 N and then in two runs the friction force marginally increased,
while in the third case – decreased. The final value of the friction force was between 3 and 5 N.

Beneficial results were achieved for both side convergent disc of type 3. In two cases the fiction force
after obtaining a constant value was stable. Its final value was between 1.3 and 1.6 N. The fluctuations
of the friction forces were small.

Changes of the shape of the groove bottom from convergent to dam led to increases in both the
friction force values and scatters. The final value of the friction force was between 2 and 4 N.

In general the convergent bottom profile of the groove led to better results for discs of types 2 and
3 compared to dam bottom shape. The courses of the friction force curves in all analyzed cases were
superior to those found for sliding pairs with untextured samples and with the disc of type 1.

Figure 11 shows graphs presenting the friction force versus time for assemblies with textured
discs of types 4 and 5.

Figure 11. Cont.
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Figure 11. Friction force versus time for assemblies with textured discs of type 4 and type 5.

The disc of type 4 gave not good tribological results. For both profiles of the bottom of the groove
scatters of the friction force were comparatively high. When this profile was convergent, the friction
force increased with time. The final value of the friction force was between 2.8 and 5.5 N. When
this bottom has dame shape after 800 seconds the friction force was constant, especially in two cases.
The final friction force was between 2.7 and 4.8 N. Generally, both profiles of the bottom of grooves
gave similar results.

The friction force corresponding to the disc with convergent groove bottom profile of type 5
after initial sharp increase in a few seconds obtained stable value near 1 N. In two cases the friction
force increased to 1.3 N and was stable during the test; the fluctuation of the friction force was low.
In the third run the friction force after about 300 seconds abruptly increased to 3.5 N and then slowly
decreased. The final value of the friction force was between 1.3 and 3 N.

Changing the groove bottom profile from convergent to dam for the disc of type 5 caused an
increase in the friction force values and scatters. After a few seconds the friction force obtained
the value about 2 N and then it slowly increased and obtained the final value between 3.5 and 5 N.
The convergent bottom profile of the groove was better for the disc of type 5.

Figure 12 shows average friction coefficients with scatters for textured discs with spiral grooves of
types 2, 3, 4, and 5 during the whole test as well as at the beginning and at the end of tests. Since, in
most cases, the friction force was nearly constant during the test, three graphs were similar. The smaller
scatter of the friction force was obtained in the final parts of tests. The best results (the smallest
friction forces values and scatters) were achieved for the discs of type 2 and 3 with convergent groove
profile bottoms. For the disc of type 5 the convergent profile bottom of the groove led to better results,
however, the scatter of the friction force was comparatively high. The worst results (high friction forces
values and scatters) were obtained for the disc of type 4 independently of its groove bottom profile.

During tests the truncation of the highest asperities occurred. However, wear was smaller than
the height of the original surface roughness - Figure 13. The wWear level was comparatively high for
untextured samples and textured samples with dam groove bottom shapes, particularly for the radial
pattern of grooves.
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Figure 12. Average friction coefficients with scatters for assemblies with textured discs with spiral
grooves (of types 2, 3, 4, and 5).

The untextured disc led to high values of the coefficient of friction values and, perhaps more
importantly, the highest scatters both within the test run and between test runs. This performance was
caused by disc surface topography after grinding. Because of the lack of oil pockets, the assembly with
untextured disc operated in boundary lubrication conditions or in mixed lubrication conditions with
dominance of boundary lubrication regions over full lubrication areas, in this case the formation of
the hydrodynamic lift was not possible. An increase in the average temperature of tested assembly,
due to friction force, was also the greatest for untextured discs (8 ◦C). For comparison, the average
temperature increases of the assemblies with textured discs leading to the greatest and the lowest
friction coefficients were 3.2 and 2.4 ◦C, respectively. However, due to the high distance between the
friction region and the temperature sensor most of heat generated was dispersed. To gain more precise
data a thermal imaging camera should be used.

Situation was improved after introducing radial grooves (disc of type 1). A reduction in the
frictional resistance due to surface texturing was the largest in the initial part of the test. An increase in
the friction force as test progressed obtained for sliding pairs with textured samples was a problem.
This behavior was probably caused by the oil loss. During tests straight radial grooves presumably
gathered the lubricant, which leaked out from the contact zone due to a centrifugal force presence.
However, in this case a reduction of the resistance to motion and the smaller friction force variation
occurred, compared to the assembly with untextured disc sample. The grooves with convergent bottom
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profiles (one side and both sides) were slightly superior to those with the dam shape. The obtained
values of the friction coefficient confirmed the known ability to decrease friction with the use of the
convergent shape of the friction surfaces due to the formation of the lubrication wedge. During tests
the amount of oil was sufficient to fill all the grooves; moreover, there was no visible wear debris
entrapped inside the grooves after the test. Significantly longer tests could probably show a positive
effect of the grooves as traps for wear debris.

Figure 13. Contour plots (a,c) and extracted profiles (b,d) of worn untextured disc surface (a,b) and
surface of type 1 with both side dam bottom shape of the groove (c,d).

Spiral discs of types 2, 3, 4, and 5 were created to gather the oil to the contact area and to reduce
oil loss. Better tribological behaviors of spiral pattern of dimples than those of radial rows layout of oil
pockets were also achieved in work [39]. In most cases the friction force did not increase during tests,
especially for the convergent groove bottom profile. For discs of types 2, 3, and 5 the convergent profile
bottom of the groove was superior to that of the dam bottom shape. The tribological performance of
the disc of type 4 was independent of the shape of the disc texture bottom. The smallest frictional force
and the best stability of results were achieved for the disc of type 2. The disc of type 3 of both side
convergent groove bottom profile assured also stable and small resistance to motion. The disc of type 5
of both side convergent groove bottom shape also led to comparatively small friction force, but the
scatter of the coefficient of friction was high. The worst results were obtained when the disc of type 4
was used: high resistance to motion and high fluctuations of the friction force occurred.

To explain the results of experimental investigations during the contact of discs with spiral grooves
with the counter-samples, the additional analysis was conducted (Figure 14).

The spiral fragment located in the contact zone depends on the curvature of the spiral used.
The texture of type 5 generated the equal flows of the lubricant inside the groove to the inner and outer
sides of the disc (Figure 14a). When discs 2 and 3 were used, the flow inside the groove generated by
rotational movement would be directed into the center of the disc (Figure 14b), this solution helps
to decrease oil loss from the contact zone due to flow generated by the centrifugal force. The texture
of type 4 generated the flow outside the disc (Figure 14c). One can see from this analysis that the
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performance of discs of type 4 should be the worst, due to the largest oil loss. These assumptions
were confirmed for assemblies containing textures with both side convergent bottoms of grooves.
For grooves with both side dam bottoms the hydrodynamic force was not generated so easily and
therefore the effect of spiral pattern vanished. Therefore, in most cases the convergent profile of groove
bottom gave better results than dame bottom shape. These results are in accordance with other works;
Galda et al. [30] and Lu et al. [31,32] achieved beneficial tribological effects of converging profiles of
isolated dimples bottoms.

Figure 14. Scheme of oil flow inside the groove depending on the contact between the spiral fragment
and the counter-sample; V- linear speed, 1–the contact area with the counter-sample, 2–the position of
the spiral groove; (a) equal flows of the lubricant, (b) the flow directed to the center of the disc, and (c)
flow outside the disc.

Although the shapes of spirals were created to gather oil in one direction of rotation, only the spiral
fragments located in the friction zones affected oil gathering. Therefore, the triblogical performances
of discs of types 4 and 5 were not so beneficial as presumed.

The effect of oil loss due to the presence of the centrifugal force on the coefficient of friction was
found to be substantial in other research concerning surface texturing [28]. Grützmacher et al. [42] also
noticed the increase in friction in lubricated sliding as a result of centrifugal force presence.

4. Conclusions

Surface texturing was found to be beneficial for the reduction of the friction coefficient up to 55%
in comparison to untextured surface.

Convergent profile of the groove bottom was beneficial in most cases especially when is connected
with the spiral pattern of the grooves. The best results were achieved for samples with both side
convergent groove bottom and the disc patterns of types 2 and 3.
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Simple shape of the groove (type 1) in most cases led to high scatter of the friction coefficient. This
phenomenon was probably caused by constant losses of lubricant due to the presence of the centrifugal
force. Spiral grooves helped to gather oil into the contact area, which led to decreases in the friction
coefficient value and scatter at the end of test.
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Abstract: Texture surface containing both micro-pits and a thin carbon coating was produced using
laser surface texturing and magnetic-control vacuum sputtering. Tribological properties of the
laser-textured surface coated with thin carbon were experimentally investigated at low-temperature
(8–10 ◦C) under starved and lubricated conditions with a ring-on-ring test rig. The results indicated
that the laser-textured surface combined with carbon coating (textured + coating) exhibited low wear
intensity and friction coefficient under lubricated conditions, while moderate wear was observed
under starved lubrication conditions as compared with the smooth, textured, and carbon-coated
surfaces. The wear mechanisms of the lubricated, textured, coated surface under three working
conditions (10 N and 1.25 m/s, 16 N and 0.25 m/s, and 50 N and 0.05 m/s) revealed plowing effect,
corrosion, and adhesive wear, while oxidative and adhesive wears were observed under starved
lubrication. Finally, the textured, coated surface was freely adaptable to different working conditions
and exhibited additional effects for better tribological applications at low-temperature as compared
with the smooth, laser-textured, and carbon-coated surfaces.

Keywords: sliding friction; surface topography; carbon-based coatings; laser surface texturing;
low-temperature

1. Introduction

Inefficient systemic loss of energy in machinery can be minimized by a reduction of friction
and wear in mechanical components [1,2]. For example, the indispensable cogs and bearings in the
industrial machine are of interest, with the hope of bridging the gap between our desire for energy and
adverse environmental effects [3]. Tribology design and surface engineering technologies are sought
after for improving the effectiveness and reducing friction losses in mechanical systems. Available
literature indicates that surface texturing is one potential strategy to improve energy efficiency and
decrease waste disposal and emissions [2,4]. Textured surfaces, with some intricate microstructures
(pits, craters, and grooves), have gained widespread acceptance in tribology because of their ability
to achieve the micro-hydrodynamic bearing effect, acting as reservoirs for the continuous supply of
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lubricants, and trapping of wear debris by eliminating or reducing plowing effects of the working
surfaces [5,6].

Among the surface texture fabrication techniques, laser surface texturing (LST) has become an
established manufacturing method [7], owing to its advantages of being extremely fast, clean to the
environment, and provides excellent control on shape and size of micro-structures [8–11]. It has
been proved that LST is valid for tribological applications in mechanical face seal [12,13], thrust
bearings [14,15], cutting tools [16–18], cams/tappets [19], drill bit [20], and piston rings [9,21,22]. LST
is also used for the reduction of friction (or stiction) in magnetic storage devices [23] and for the
minimization of wear and mechanical losses for micro-electro-mechanical system (MEMS) devices [24].
However, LST is deficient in the new challenges of improving the performances of tribological systems.
Importantly, it fails to timely exhibit good transitional process from boundary (and dry) lubrication to
full-film lubrication, or vice-versa, though the true state of the tribological system is complicated and
filled with uncertainties. An important but little-known problem is the friction and wear mechanisms
of textured surfaces with different lubrication regions, as well as effective measures to improve the
transitional behavior in various lubrication regimes. LST can increase the range of hydrodynamic
lubrication regime in the Stribeck curve [25,26]. Meanwhile, it is stated that the bulges at the edge of
the dimple need to be optimized to have the positive effect of LST on lubrication regime transitions [27].
The friction coefficient is an important parameter for tribological performance, followed by wear loss,
friction force, efficiency, and reliability, which are all critical to the operation of a special tribological
system. In addition, it is necessary to understand the detailed wear and durability of laser-textured
surfaces for different regions and working conditions.

Sputtered carbon coatings have been reported to have excellent tribological properties and,
therefore, have the potential to be used as a hard solid lubricant and wear-resistant coatings [28].
The coating film is recommended for laboratories and plants for their overt properties, such as chemical
stability, morphology, and anti-friction. Specifically, coated surfaces have been amenable to playing
an active role in dry friction cases for several decades [29,30]. There is limited literature about the
exaltation of tribological performances using appropriate coating film, under mixed film lubrication
and boundary lubrication. Though some investigations have shown that carbon film is perfect and
can offer a series of attractive properties for many applications [31–33]. Arslan et al. [34] reported two
approaches to generate low-wear surfaces with diamond-like carbon (DLC) coating by laser surface
texturing. Their results suggested that the tribological performance of a cylinder on a coated plate
tribo-pair could be enhanced. Yasumaru et al. [35] investigated the tribological properties of DLC films’
nanostructured surfaces by femtosecond laser ablation, where a MoS2 layer on the nanostructured
surface improved the friction properties. The creation of small and shallow cavities with a laser
lithography technique on a DLC layer has allowed a significant reduction of the friction coefficient
of DLC/steel contact [36]. Recently, an interesting investigation by Ding et al. [37] on carbon film
with micro-dots has suggested that the influences of laser textures on the tribological performance of
amorphous carbon film are strongly dependent on the friction pairs. For instance, LST has not improved
the tribological performance of the friction pairs consisting of Si3N4 balls, whereas it is effective for
the reduction of friction for the steel ball. Further, the DLC/LST composite specimens can obtain a
low friction coefficient, which has been accounted for by the combined action of dimple-induced
graphitizing transformation [38].

Previously conducted tribological studies have mostly focused on the suitable room temperature
conditions for human beings to the detriment of outdoor industrial equipment (such as ships, kowtows,
and wind turbines) that operates below room temperature. For extreme low-temperature conditions,
the tribological researches focus on space and cryogenic aspects, which does not encourage technology
development and theoretical progress. In the present research work, the tribological properties of
the textured surface with thin carbon coating was compared with three different surfaces (smooth
surface, laser-textured surface, and carbon-coated surface) under starved and lubricated conditions
at below room temperature (8–10 ◦C). The result provided fundamental insights to guide the design
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and analysis of surface textures for wind turbine bearings, precision bearings, and precision actuators
in places like northern China, Scandinavia, Alaska, and northern Russia, where temperatures often
remain below room temperature for weeks or months during winter.

2. Materials and Methods

2.1. Preparation and Characterization

The material specimen utilized for the experimentation was industrially available 45 steel.
The 45 steel material is used by numerous manufacturing industries for the fabrication of bearing
because it has low friction properties. Before the laser surface texturing (LST), the front surfaces of the
samples were ultrasonically cleaned with alcohol and polished by a self-created polishing machine
with a diamond aerosol spray of W0.5 grid size for 10 min to a surface roughness of <0.56 μm. During
the texturing process, a Q-switch Nd3+: YAG laser oscillator of 50 Watts (OWL, New York, USA) was
used to modify the pulse. The single pulse interval processing method was utilized, as reported by
Fu et al. [39,40], in the laser texturing process. This process can effectively alleviate the negative heat
accumulation effect to accomplish proficient, accurate, and controlled laser micro-textures. The working
principle of this process is to coordinate the laser pulse with the mechanical movement of the workpiece
to make the laser pulse from the same position separated. The laser beam was focused on the surface
of the ablated materials at normal incidence (along the Z-axis) using a convex lens with a focal length
of 60 mm and a beam spot diameter of 60 μm. The specimen (small ring) was fixed on a three grasping
chuck, which was mounted on a motor controlled two-dimensional stage, and the laser head Z was
adjusted to a position so that the focus position was 0.

Round dimples were created on the surface of the ring utilizing the single pulse laser for the
tribological investigation. The dimples on the surface of the ring specimen were uniformly arranged in
a rectangular array with dot pitch L1 (circumferential space of the micro-pits) and the line pitch L2

(radial space of the micro-pits) given as 150 μm. The desired micro-pits diameter was 60 μm with the
design texture density (Td) of 12.6 %. The lumps or burrs around the edges of the dimples amid the
laser texturing process were expelled by a gentle polishing process. It has been tentatively exhibited
that these hardened lumps or burrs around the edges of the dimples negatively affect the tribological
performance of contacting surfaces [27].

Conventionally, magnetron sputtering is one of the physical vapor deposition (PVD) methods
with high deposition rates and low equipment costs [30] employed in surface coating. After the surface
texturing, the nano-carbon coating was then deposited on the target surface by the method of magnetron
sputtering with an argon plasma using a turbo chromium coater K575 (Quorum Technologies Ltd.,
Lewes, UK). A flow chart of the carbon sputtering is shown in Figure 1. Four types of surfaces (i.e.,
smooth, coated, textured, and textured and coated) were processed for the friction and wear test,
as illustrated and presented (Figure 2).

Figure 1. Flow diagram of preparation for carbon coating before tribological tests.
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Figure 2. Illustration of a smooth surface (I), coated surface (II), textured surface (III), and textured and
coated surface (IV).

Surface characterization has spontaneously been one meaningful issue in tribological analysis.
The processed surfaces with micro-textures were characterized in 2D parameters and 3D topographies.
Abbott curve is widely appreciated by many scientists and engineers, and thus such curves for different
surfaces were plotted for comparison. A non-contact optical measuring instrument (WYKO NT1100 of
Veeco, Tucson, AZ, USA) was used for the surface topography and characterization (Figure 3).

Figure 3. Diagram of dimple surface characterization using an optical profilometer.

The bulk 45 steel was finished by quenching in forced air to harden the surface at HRC40~43 and
surface roughness of Ra < 0.56 μm. Dimples of depths 10~15 μm were produced on the surface of
the quenched steel to form the textured sample with a roughness value of Ra < 0.8 μm and hardness
value of HRC45~48 after the texturing process. A 0.12 μm thick layer of carbon was then coated on the
surface of the quenched 45 steel to form the coated sample with a roughness of Ra < 0.5 μm. Finally,
the quenched textured steel was coated with a 0.12 μm thickness layer of carbon to form a textured,
coated sample. The technologies with technical parameters employed in preparing the various surfaces
(smooth, LST, coating, LST + coating) for the friction and wear test are given in Table 1. Prior to the
friction and wear tests, the contact surfaces of the rings were polished by fine silicon carbide paper (grit
number P1000, Shanghai, China) to render the surface finish for all the test specimens at the same level.
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Table 1. Details of the surface treating process and performance parameters.

Type Material Technology Parameters Note

Smooth 45# steel * Quenching;
Finishing

Ra < 0.56 μm (L = 120 μm)
HRC 40~43

* parallel to 10455 of
ASTM

LST 45#steel;
Gas: N2

Laser: 512 nm;
Nd3+:YAG;

50 Watts;
14 Ampere

Space: 150 μm × 150 μm;
Diameter: 60 μm;
Depth: 10~15 μm;

Ra < 0.8 μm (L = 120 μm)
HRC 45~48

TEM00;
Q-switch;

Frequency: 6.4 kHz;
Pressure: 0.15 Mpa

Coating

45#steel;
Target:
carbon

(TK8869)

Coater: K575;
Current: 120 mA;

Power: 110 W;
Time:12 min

Thickness < 0.12 μm;
Ra < 0.2 μm (L = 120 μm)

HV 1800~2000

Argon: 40 mL/L, 99.99%;
Delay: 4 min;
No. cycles: 6

LST +
coating 45# steel Same as above Ra < 0.5 μm (L = 120 μm) Same as above

Note: “*” in the table reads that the steel is quenched before experiments.

2.2. Tribological Experiments

A configuration of a thrust washer and ring specimen as a friction pair on a whirling rig (MMW-1A,
China) was utilized to investigate the tribological performances for the various surfaces, as shown in
Figure 4. The upper sample (thrust washer, made of mid-carbon-steel after quenching) was set in the
grip holder by a fastening screw. This holder is self-leveling to ensure face-to-face contact during the
tests. The lower sample is a circular steel ring with an internal diameter of 16 mm and an external
diameter of 32 mm. There are two symmetrically distributed holes on the lower sample for position
limitation during the rotation of the principal axis of the testing rig. Besides, there is a small hole on
the side surface of the lower sample (2.5 mm from the contact surface) for installing the thermocouple
to indirectly test the temperature rise of the contact surface. During the experiment, SC40 (H100)
engine oil with the society of automotive engineers (SAE) viscosity of 14.21 mm2/s was applied. All the
experiments were done at a temperature range of (8–10 ◦C) and relative humidity of 45 ± 3% for a test
duration of 1 h.

Figure 4. Apparatus for tribological tests of (a) the ring-on-ring test rig and (b) friction pair.
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Three kinds of PV-values, which reads the load capacity of sliding bearings and is expressed
the product of bearing pressure and sliding speed, were examined by the friction test. For simplicity,
the bearing pressure was replaced by the normal force P. The test conditions are presented in Table 2.

Table 2. Tribo-test conditions referring to ASTM D3702-94 (R99).

Conditions Speed (m/s) Load (N) Temperature (◦C) Humidity (%) Viscosity (mm2/s)

(PV)1 1.25 10 8~10 45 ± 3% 14.21
(PV)2 0.25 16 8~10 45 ± 3% 14.21
(PV)3 0.05 50 8~10 45 ± 3% 14.21

Note: (PV)i (i = 1, 2, 3) show three typical loading conditions of friction couples, that is, high-speed and light-load
condition, middle-speed and middle-load condition, and low-speed and heavy load condition.

During the experiments, the normal load P and friction torque Tf were recorded simultaneously
to determine the coefficient of friction. The friction coefficient of the small thrust washer-ring pair was
derived as follows.

f = F/P = T f /(Rs·P) (1)

where F is the frictional force, Rs is the equivalent contact radius of the ring given by Rs = (d1 + d2)/4.
d1 and d2 are the external and internal radius of the ring, respectively. Wear behaviors of the surfaces
were evaluated by combining both qualitative and quantitative methods. The wear intensity Iw as an
index was interpreted by expression (2).

Iw = Δm/[(P/Aa)·L] (2)

where Δm is the change in mass of the specimen before and after the friction test. The values were
obtained by reading from an electric balance scale (Ohaus discovery, semi-micro, and analytical
balances with 10 microgram readability). P is the normal load, Aa is the apparent area of contact during
sliding, calculated from Aa = π

(
d2

1 − d2
2

)
/4, and L is the sliding distance during the whole test duration.

The friction and wear test of each condition was repeated three times, and the average values were
presented to ensure the repeatability of the results.

3. Results

3.1. Surface Characterization

Through analysis and comparison, a compound characterization of the 2D critical parameters and
3D topographies are presented. The Ra gives a general description of the surface amplitude, and Rq

means the average of the measured height deviations taken within the evaluation length of the area.
They are meant for traditional characterization in tribological applications. Specifically, they are critical
in illustrating the friction stability and wear resistance. Rt is very sensitive to large deviations from
the mean line and from scratches and also reads the uniformity of the surface roughness. In addition,
Rpk indicates the top portion of the surface that is worn away in the run-in period, and Rvk reads the
lowest part of the surface that retains the lubricant. Furthermore, the values of bearing ratios obtained
from the bearing ratio curve (Abbott–Firestone curve) are Mr1 and Mr2. The ideal value of Mr1 is small,
while the value of Mr2 is large. After the analysis of the measured results, some useful parameters
obtained are presented in Table 3. The surface characterization of the smooth surface is illustrated in
Figure 5. It is observed that the smooth surface has a uniform roughness in horizontal and vertical
directions, although it has a different waviness and texture after the characterization of the surface
parameters. The Abbott–Firestone curve further supports this illustration for the bearing ratios of
two sections (S1 and S3), which present a high consistency. The laser-textured surface has a higher
roughness as compared with the smooth surface. Inversely, the surface roughness of the coated surface
is lower than the smooth surface. The coated surface has the lowest roughness parameters (Ra, Rq,
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Rt, Rpk, Rvk), while the textured surface has the highest roughness. The textured surface has a higher
value of Rvk than the other surfaces. These values reveal that a given surface has excellent properties of
abrasive resistance under uniform materials and working conditions.

Table 3. Roughness and Abbott–Firestone parameters of different surfaces before wear tests.

Parameters Smooth Textured Coated Textured + Coated

Rt (μm) 12.45 11.51 4.32 9.45
Ra (μm) 0.553 0.705 0.126 0.404
Rq (μm) 0.700 1.130 0.177 0.593
Rpk (μm) 0.592 0.728 0.154 1.287
Rvk (μm) 0.945 3.321 0.329 0.487
V1 (nm) 21.29 17.36 5.75 56.4
V2 (nm) 82.47 375.49 22.36 26.38
Mr1 (%) 7.19 4.76 7.47 8.76
Mr2 (%) 82.56 77.38 86.42 89.17

Figure 5. Surface characterization of the smooth surface of (a) 2D topography, (b) 3D topography,
(c) texture, (d) roughness, (e) Abbott curve, and (f) waviness.

The working conditions of a friction pair usually change during operation. For comparison of
surface topographies and parameters against the working conditions, three-dimensional topographies
of the laser-textured surface with coating are presented after the wear tests under lubricated and
starved conditions, respectively (Figures 6 and 7). The wear traces of the laser-textured surface with a
coating under lubrication is clear and shallow. The asperity contact undergoes a light load, and the
friction pair forms hydrodynamic lubrication. The surface roughness is rather high after the wear test.
This means a laser-textured surface with the coating is reliable and durable for lubrication conditions.
Abbott curves showing the coincidence of cross-sections (S1 and S2, Figure 7) direct that the wear loss
of the non-textured regions is isotropic in the horizontal and vertical directions. The peak region of the
worn away section of S3 is larger than that of the S1 and S2, while the core region of S3 is less than S1
and S2. This means the vertical asperities cannot bear the large load, and the life of the friction pair is
short. However, the valley region acts as a lubricant reservoir (S3 > S1, S2).
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Figure 6. Surface characterization of the laser-textured and coated surface after wear test with 2D
topography (a), 3D topography (b), section contour (c), Abbott curve (d) ((PV)2: lubrication).

Figure 7. Surface characterization of the laser-textured and coated surface after wear test ((PV)2:
starvation): (a) 2D topography, (b) 3D topography, (c) section contour, (d) Abbott curve.
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The wear trace width under lubrication is about 1 mm, whereas the width of the wear trace under
starvation is about 1.35 mm. The roughness of the worn surface under starvation is lower than that
of lubrication. The valley of the worn surface under starvation is shallow, which is due to the wear
debris filling and the surface material flow during abrasive wear. In addition, the worn surface under
starvation presents a complicated topography, which may be related to complicated wear mechanisms.
Firstly, there is no lubricating medium between the friction pair, which can produce the so-called
hydrodynamic lubrication and bearing force under dry friction. Importantly, the asperities of the
friction pair on the LST surface are directly in contact, and the contact area is fairly small, resulting in
high contact stress, which induces material deformation of the metal subsurface and the non-textured
regions. Secondly, it is still the metal matrix material that plays a supporting role, although thin DLC
coating on the contact surface. Under direct contact and shear action of the friction pair, material
migration and accumulation deformation occur, and contact hot spots are formed in the rough friction
area to cause local oxidation.

3.2. Friction Properties

The coefficients of friction of the different working surfaces are measured through friction tests,
and the comparison is shown in Figure 8a. The smooth surface exhibits the highest friction coefficient
and shows sustainable growth over the initial test period. The textured surface induced by the laser
presents a stable friction coefficient trend during the test period. The laser texturing has some effects on
the stable friction coefficient. The first aspect is the quenching effect and refinement of microstructure
for a high quenching rate [41], which increases the surface hardness of the sample [42] and improves
the abrasive resistance. According to the molecular-kinetic and mechanical model theories of the
frictional behavior of elastic materials, the magnitude of the friction coefficient is inversely proportional
to the hardness of steel surfaces [43]. The induced quenching effect by the laser increases the amount
of martensite phase, which effectively decreases the surface friction coefficient and, consequently,
improves the surface wear resistance. Secondly, the debris collection by the micro-pits hinders the
attendance of the so-called third-body wear between the friction pair. Finally, the laser-material
interaction on the surfaces and interfaces during the texturing process will result in recombination
actions of the steel structure, which alter the surface chemistry, morphology, and crystal structure of
the steel to form a new material structure with better tribological properties.

Figure 8. Friction coefficient vs. the sliding time (a) and the mean values (b) for four categories of
surfaces under lubricated conditions at (PV)2, i.e., P = 16 N, v = 0.25 m/s.

The carbon-coated surface exhibits a low friction coefficient as compared to the smooth and
textured surface regardless of the test time. This is because of the carbon coating layer and the special
full harden and steel surface through laser quenching. However, the friction coefficient shows a slowly
growing trend. This might well be due to the failure of the carbon coating. Carbon coatings affect the
plowing component of friction, while rough surfaces affect the degree of asperity penetration through
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the coating into the substrate [44]. In addition, diamond-like carbon has an amorphous lattice structure,
with sp3, sp2, and sp bonding type coexisting, and the hardness varies from 1500 HV to 6000 HV [45].
All of these make the phase transformation occurs easily when the local temperature gets up to 250 ◦C
or even higher; graphitization is an unexpected result [46]. However, the changes in the carbon films’
properties are beyond the recognition of engineering problems.

The friction coefficient of the textured surface with carbon coating shows more than one steady
phase for the test duration. At the beginning of the test, the coefficient of friction shows a modest
growing tendency. After 15 min, it goes into a steady-state with a considerable low value of about
0.17 for 20 min. The friction coefficient then passes into another steady-state after around 10 min.
Theoretically, the friction binomial law indicates that the friction coefficient consists of two components.
One is the mechanical interaction of the friction pair asperities on the macroscopic level, and the other
is the molecular action of the surface film on the nanosomic scale. The in-depth mechanism of these
components is considered in the analysis of the tribological performance. Laser surface texturing (LST)
has a macro sense compared with the carbon thin film embedded on the flat surface. An attempt is
made to search for a better tribological performance from a physiochemical standpoint. However,
the result cannot fit comfortably with the superimposition of mechanical and molecular interpretation
in this study because the water molecules play a prominent role in the frictional behavior of DLC
films [47]. The friction coefficient of the four different samples in increasing order is as follows: textured
+ coating (0.2327), coating (0.339), textured (0.4746), and smooth (0.5744), as indicated in Figure 8b.
Comparing with the smooth surface, the friction coefficient of textured, coated, and textured + coated
surfaces are reduced by 17%, 41%, and 59%, respectively.

The curves of the friction coefficients for the textured surface with carbon-coated film for different
working conditions are plotted in Figure 9a. In addition, the steady-state values are shown in, which
are the average of the steady-state portion of the actual friction coefficient. The adulatory curve of
friction coefficient provides a particularly sensitive monitor to an imperfect aspect of the carbon coating
film. The data reveals that the coefficient of friction is fairly low under low-speed and heavy load
conditions, referred to as (PV)3. The value is hardly higher than 0.2, but for the transitory fluctuation,
it has resulted from the mechanical inertia of the test rig. The comparison test suggests a greatly higher
value of friction coefficient for the whole duration under high-speed and lightly loaded conditions,
referred to as (PV)1. However, it has a pretty good tendency to decrease following the test time. It is,
therefore, easy to conclude that the textured surface with coated carbon thin film investigated in this
study has a desirable performance under low-speed and heavy-load conditions in boundary lubrication
for most engineering problems. For example, a piston in an internal combustion engine gets to the top
dead center or bottom when the speed is very low, but carrying a heavy load. As discussed above,
the coefficient of friction under the conditions of mid-velocity and moderate load, referred to as (PV)2,
shows a phased fluctuation, which may be due to the so-called three-body abrasion. During the rest,
there may be some generation, variation, and transfer of abrasive particles, which are moving from one
subdomain to another and change with the occurrence of squeezing effect and surface deformation.
The temperature diachronic curve obtained by using a thermocouple sensor arranged in the side hole
of the thrust ring specimen is shown in Figure 9b. Considering the same material matrix, it can be
considered that the temperature diachronic curve is an indirect measurement result of the friction
temperature rise. It can also be seen that the friction temperature rise is closely related to the working
conditions. In the initial stage, the friction temperature rise is lower at low and high-speed conditions
(i.e., (PV)1, (PV)3) and then increases to a higher degree (about 3 min). Interestingly, the temperature
rise curve corresponding to working condition (PV)2 is relatively high at the initial stage and then
remains stable, which is different from the other two conditions. This indirectly reflects that the
textured surface with carbon coating has good adaptability and application for medium-speed and
medium-load conditions.
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Figure 9. Friction coefficient curves (a) and temperature diachronic curves (b) for the laser-textured
surfaces with carbon coating under lubricated conditions at (PV)1, (PV)2, and (PV)3. Concretely, that is,
v = 1.25 m/s, P = 10 N; v = 0.25 m/s, P = 16 N; v = 0.05 m/s, P = 50 N.

3.3. Wear Behavior

For the treated surfaces, a low coefficient of friction alone is insufficient to account for excellent
tribological performance. Instead, extended humps for allowing adjacent carbon layers to slip over each
other or over contacted material during the rubbing-in process, generally, have good wear-resistance.
The wear intensities of the different surfaces are measured by an electronic balance with an accuracy
of 0.01 mg, and the results are shown in Table 4 and illustrated graphically in Figure 10. Meanwhile,
the wear scratches of the different surfaces under lubricated and starved conditions at different loads
and velocities are tracked by SEM photos. To ensure that this is indeed the case, the energy-dispersive
spectroscopy (EDS) (0~20 keV accelerating voltages) maps to study the inferred results on wear behaviors
and mechanisms for textured and coated surfaces are illustrated. Although there is no significant
reinforcement point in the SEM analysis, it is far from being a powerful surface analytical technique.

Table 4. Wear intensities for the four categories of surfaces under different test conditions.

Working
Condition

Wear Intensity Iw, × 10−6 (mg/N·m)

Smooth Textured Coated Textured + Coated

Lubrication 2.8861 −3.2401 0.0476 0.9277 0.5542 −0.8515
Starvation 0.0959 −3.2742 −3.5881 2.4829 - -

Note (PV)2 (PV)2 (PV)2 (PV)2 (PV)3 (PV)1

Figure 10. Wear intensities for the four categories of surfaces under different conditions.
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It is interesting to note that there are differences in the wear loss of the various surfaces,
both quantitatively and qualitatively. Firstly, as illustrated in Table 4, there is an increase in wear for
the smooth surface, and the wear intensity values are positive. This phenomenon occurs under starved
lubrication conditions on the ground that the friction pair consists of homogeneous medium-carbon
steel with excellent elasticity in sliding friction. However, under lubricated conditions, the wear has
reduced, as the oil film is enough to engulf the asperities and be replaced by viscous drag. The value of
the wear intensity under full lubrication is 30 times more than that under starved lubrication conditions.
SEM micrographs of worn surfaces of the smooth surfaces in sliding experiments at (PV)2 are presented
in Figures 11a and 12a.

As demonstrated, the plowing component of friction is weakened due to the separation of crests
and peaks between the working surfaces by the viscous fluid under the lubricated condition. However,
there are micro-cracks in the perpendicular direction of the sliding motion. When two rough surfaces
are pressed together, the high pressure will give rise to elastic and plastic deformation at the tips of the
surface asperities [48]. The wear patterns suggest that there is an accumulation of material near the two
sides of the contact zone on the sliding surface, which may be due to the plastic deformation of the metal
materials within the contact interface. The working surfaces embedded with hard particles always
produce furrows and grooves in the process of sliding motion under starved conditions. The so-called
three-body wear is produced by the two contact surfaces, and the hard particles are detached from the
surfaces. As a result, the plowing effect is exacerbated, and the debris cannot stand the overwhelming
local pressure other than been crushed at a high friction temperature. Some of the free-form abrasive
particles are thereupon transferred timely between the contact surfaces, as indicated in Figure 12b.
The tremendous heat from friction provides the right conditions for oxidation wear of the releasing
particles during the instantaneous frictional contact with the partial working surface, resulting in the
formation of black carbon. Additionally, the hardness of the contact surfaces of the friction pairs is
approximately equivalent and prone to create adhesive wear mechanism.

Figure 11. SEM micrographs of smooth (a), textured (b), coated (c), and textured + coated (d) worn
surfaces under lubricated conditions in the sliding experiments at (PV)2, (P = 16 N, v = 0.25 m/s).
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Figure 12. SEM micrographs of smooth (a), textured (b), coated (c), and textured + coated (d) worn
surfaces under starved lubrication conditions in the sliding experiments at (PV)2, (P = 16 N, v = 0.25 m/s).

The wear intensity of the textured surface is negative both under lubricated and starved conditions
at (PV)2, as illustrated in Figure 10. It can be inferred that the abrasive debris lost from the counter
body with low surface hardness and adhesive action makes the grains fall into the micro-pits and on
the nearby textured surface. SEM micrographs of worn surfaces of the textured surfaces in sliding
experiments at (PV)2 are displayed in Figures 11b and 12b. Under the lubricated conditions, the worn
surface reveals light scratches on the textured surface with some free abrasion particles along with the
sliding motion. This is attributable to the micro-bearings effects of the micro-pits array. The wear pattern
demonstrates that the laser-textured surface has excellent skills to deal with lubricants and debris,
with an interesting consequence for tribological behavior during the friction test under lubricated
conditions. As presented, the carbon is no longer stable because of the increasing and accumulation of
friction heat located in the contact zones under dry and loaded conditions.

Contrarily, the wear intensity of the coated surface under lubricated conditions is not negative.
It confirms that carbon film could reduce the hardness of the working surface and then improve the
abrasive resistance. Furthermore, the value is much less than the textured surface under the same
conditions. SEM micrographs of worn surfaces of the carbon-coated surfaces in the sliding experiments
at (PV)2 are exhibited in Figure 11c. As presented, adhesive wear becomes a predominant mechanism
for the carbon-coated surface due to the low surface hardness of the carbon-coated film. Meanwhile,
the viscous effect of the lubricants increases evidently due to the wetting mechanism of the carbon
film, and the friction increases with the exposed asperities on the counterpart surface. This results
in serious wear particles that are turned out under lubricated conditions. As shown in Figure 12c,
dissimilarly, carbon film plays the role of solid lubricant during the sliding motion, which actively
alleviates the action of asperity-to-asperity contact, and the friction process is no longer uneven with
contradictions. Consequently, wear and vibration have been reduced by the carbon thin film and the
enclosed particles. However, there exist hard particles as foreign matters stored within the subsurface,
which turns out and becomes free debris as soon as the thin carbon coating is worn out.
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As suggested in Table 4, under lubricated conditions, there is little difference in the values of wear
intensities under different loads and sliding speeds for the textured surface with a carbon coating.
By comparison, the wear intensity with positive values (PV)3 has been the smallest, while (PV)2 has
been the highest. However, under (PV)1, the wear intensity is intermediate with a negative value.
The wear intensity of the textured, coated surface with micro-pits array is positive, though its values are
fairly high. From these values, we can induce that there are different wear mechanisms for the textured
surface under different working conditions, as illustrated graphically in Figures 11d, 12d and 13.

Figure 13. SEM micrographs of worn surfaces of the laser-textured surfaces with carbon coating under
a lubricated condition in the sliding experiments at (a) (PV)1 and (b) (PV)3 for 1 h.

Specifically, the wear tracks on the textured, coated surface under lubrication at (PV)1 is illustrated
in Figure 13a. It shows that the plowing effect under the conditions of the high-speed and light
load is not dominant alone, but being accompanied by corrosion and adhesive wear. This may be
as a result of the combined micro-plowing, micro-cutting, and micro-cracking mechanisms in the
micro-texture during the friction test. The worn tracks on the textured surface with carbon coating
under full lubrication at (PV)2 is expressed in Figure 11d. As seen, shallow and burnished scratches
on the friction surface denote that micro-plowing is the predominant wear mechanism. Furthermore,
wear traces on the textured surface with coating and micro-pits under lubrication at (PV)3 is expressed
in Figure 13b. On the one hand, the plowing effect is the primary wear mechanism for the friction pair
consisting of conformal surfaces; on the other hand, adhesive wear exists as a secondary mechanism.
Unlike the preceding results at (PV)2, there are wormlike wear particles along the sliding direction.
Lastly, the wear tracks under starved conditions are exhibited in Figure 12d, which shows that there
are oxidative and adhesive wears. Surprisingly, the micro-textured structure on the bulk material is
buried with some deformation.

The energy-dispersive X-ray spectroscopy (EDS) examination spectrums of the novel laser-textured
surfaces with carbon coating after the friction tests are presented in Figure 14. There are significant
differences in the element intensity in the contact point within the wearable zones after the friction
test under different working conditions. Specifically, the iron contents within the textured, coated
surfaces decrease variably under different lubrication conditions, but the emerging oxygen seems to
present some.

Comparing the three PV conditions under lubrication, the iron content is high under (PV)2

(Figure 14b) condition but is decreased under (PV)3 (Figure 14c), while the datum (PV)1 (Figure 14a)
condition does not offer any evident information. For the steel substrate, the decrease in iron content
suggests that the friction and wear on the surface material are severe, while the increase in iron content
shows that the novel surface is wearable. The added iron content illustrated on the material of the
sliding counterpart may be lost and less on the treated surface. There are two illustrations for the
causes of the unapparent change of iron content under (PV)1 condition. One may be that the contact
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surfaces of the friction pair are anti-friction. The other may be that the friction pair consisting of the
same material has the same physicochemical properties, leading to the dissolution occurring on the
contact surfaces of the pairs. It can clearly be seen that these cases are consistent with the results
mentioned before the friction test.

Figure 14. Local energy-dispersive X-ray spectroscopy (EDS) maps of the laser-textured surfaces
with carbon coating after friction tests at different working conditions: (a) lubrication and (PV)1,
(b) lubrication and (PV)2, (c) lubrication and (PV)3, (d) starvation and (PV)2.

4. Discussion

In this study, the laser-textured surface with DLC coating displays different tribological behaviors
during the friction and wear test, and these behaviors are related to the bulk materials and micro-pits
and the DLC-coated layer. Firstly, laser surface texturing can be seen as a partial laser machining on the
surface of carbon steel by laser ablation gasification, accompanying laser transformation hardening (also
known as laser quenching) [49]. The heating effects of the laser beam need some attention. The heat is
absorbed rapidly (10−1–10−7 s) in a small area on the surface of the workpiece, and the temperature
rises sharply [50]. The solid phase transformation occurs between the melting point of the material and
the critical temperature of austenite transformation. After self-quenching, martensite is obtained, and
the transformation hardening of the workpiece surface is realized, resulting in the complete hardening
of the 45 steel surface with partially quenched areas. The microstructure consists of fine needle-like
martensite [51], although material structure, heating, and cooling speed are important factors for the
transformation of hardening behavior [52]. This results in improved strength and hardness of the
surface. Specifically, due to the steep temperature field distribution, there is a sharp transition from the
laser hardened layer to the matrix and the second characteristic of local diffusion of carbon, and the
hardness drop is as high as HV400–600 [50]. Besides the laser nitriding, other recombination actions
might well exist during the surface texturing to improve the tribological properties for the nitrogen as
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the assist gas during LST processing. The surfaces of the dimples also contribute to improving the
tribological properties, especially for the contribution of low and steady friction [53]. Importantly, the
hardness of hydrogenated DLC films, which is typically around 10–20 GPa depending on the sp2 to sp3

ratio and the hydrogen content, will act as anti-friction and anti-abrasion film [54]. Generally, TK8869,
as a target material for carbon coatings, tends to be amorphous carbon material and is accepted as a
soft coating for anti-friction and anti-abrasion. Therefore, the DLC carbon coating is adaptive to the
boundary lubrication and mixed lubrication conditions for controlling friction and wear. Conclusively,
emphasis should be placed on the effect of surface texture and coating on the surface friction properties.
Regulation of the friction coefficient and the expansion of the Stribeck curve are available for the
novel surface, treating with combined LST and DLC coating. After the tribological experimental
data by Kalin et al. [55], the friction coefficients obtained are analyzed, and the results are shown in
Figure 15. As shown, the friction coefficients increase initially with the Stribeck parameter and then
decrease with a further increase of the parameter in the measurable range. LST and DLC are effective
in regulating the behaviors of friction couples under different working conditions. Specifically, LST
can expand the contact parameters for hydrodynamic lubrication and induce the friction transition
on the Stribeck curve [27]. Meanwhile, DLC coating exhibits comfortable friction properties under
boundary lubrication by forming a low friction film on the surface. Additionally, the friction properties
can be highly improved by using extreme-pressure and anti-wear additives [56,57]. In this study,
the experimental results, by considering the compound influence of LST and DLC coating, are far
from that of the literature [55]; they may be accounted for the clear difference in the initial surface
roughness and lubrication oil. However, compared with the LST surfaces, friction transitions occur on
the Stribeck curve of the novel design LST surfaces with DLC coating.

Figure 15. Illustration of the expansion of the Stribeck curve by laser surface texturing (LST) and
diamond-like carbon (DLC) coating.

Wear mechanisms of LST surface with carbon coating is complicated for the given full-range
lubrication and friction conditions. After the transformation of hardening through the LST process,
the occurred grain refinement can improve the plastic deformation resistance and fracture strength,
increase the stress caused by cracks, and increase the wear resistance [50]. Meanwhile, the DLC film is
acknowledged for the low friction coefficient, good wear resistance, and high hardness [58]. However,
the composite response of LST and DLC film is not usually comfortable during the friction and wear
behavior by some working conditions, such as contact pressure, temperature [19], texture geometry [36],
and lubricated medium [59]. Further, the combined investigation of LST and DLC film is far from the
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universal conclusion for different engineering applications, although these works have been conducted
by enough research teams [19,34–37,60–63]. Note that the order of surface texturing and DLC coating
is different, and most of these investigations are conducted on the textured surface of DLC coating
samples. For carbon steel samples, micro-cracking that results from tensile stress tends to occur within
the smooth surface during sliding motion [64]. As known, micro-cracks are usually a bad sign of
delamination wear, which consists of several basic steps, such as plastic deformation of the subsurface
layer, subsurface crack nucleation, propagation, and generation of loose wear sheets [65]. Obviously,
it is a fact that subsurface deformations, void elongation, and crack formation in medium-carbon
steel are detrimental to the mating part and should be avoided by taking any surface protection
measures. Thus, surface treatments, such as coating and texturing, are better methods of improving
the tribological performance and properties of mechanical components [34,63,66], resulting in a clear
difference in the worn surfaces after friction and wear experiments (see Figures 10 and 11).

After the LST, the hardness of the surface is enhanced by the laser action, while the substrate
material of the counterpart is soft. Thus, both the laser-textured and non-textured zones of the contact
surfaces of the friction couple will be in a mess due to frequent plowing and heating effects during the
friction process. This results in the active surface been in the inhomogeneous state without harmonized
interaction with each other, leading to heat accumulation, which enhances oxidation and friction.
Lastly, as oxidation is exacerbated, the sheet scuff peels off, causing serious wear and tear. Conversely,
apart from the solid film for the friction reduction of coating surfaces under the lean oil condition,
soft carbon coatings undergo the action of plowing and squeezing mechanisms, and the surface
roughness changes by the process of scratching and penetration concurrently. This generates new
debris, which brings some additional mechanisms of friction and wear [67]. Differently, hard coating
usually affects the load-carrying capacity through coating strength and substrate deformation [68].
Throughout the contact, the reduction of the actual area and the interlocking materials affects chiefly
the surface roughness, while the asperity fatigue leads to the generation of wear debris. The bearing
capacity and wear resistance of friction pairs under lubrication conditions can be improved by the
hydrodynamic lubrication, micro-oil pool effect, and micro-lubrication of LST technology. At the same
time, the tribological properties of friction couples under dry friction, and the boundary lubrication
conditions can be enhanced by DLC coating. Through the coupling and synergy of these two
mechanisms, comprehensive tribological properties of friction pairs can be improved, and the working
conditions and application fields of specific friction pairs can be expanded. Thereafter, the lubrication
design principle of the textured surface with carbon coating is illustrated and shown in Figure 16.

The wear traces shown by SEM photographs indicate different wear mechanisms for the different
friction pairs with various treated surfaces. Specifically, the textured surface with coating presents
oxidative and adhesive wear mechanism under starved lubrication conditions. The oxidation is not an
incomprehensible result because amorphous carbon film cannot hold stable inertia at a fairly high
temperature. The flashing temperature may get to hundreds Centigrade owing to the micro-contact
with a heavy load during the dry friction condition. Thus, local carbonization occurs at the actual zone
rather than the apparent region. Additionally, carbon film has certain mobility during micro-plowing
and micro-cutting, which are micro-abrasive mechanisms of generating wear and material migration.
Superficially, it is undesirable to improve the abrasion resistance of the working surface with micro-pits
and carbon film. However, the truth of the matter is quite different because the periodic temperature
rise may be higher in starved friction. Consequently, the carbon film is softened occasionally, and sound
solid lubrication might well be realized, with no great loss of the bulk material and the counterpart
after friction. Moreover, diamond and diamond-like carbon cannot produce protective oxide layers
with oxidation and volatile CO2. Additionally, for diamond-like carbon, H2O is formed, which will
emerge at the oxidation temperature [46], and a water-mediated hydrogen diffusion mechanism may
exist on the oxide surface at a normal temperature or less.
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Figure 16. Illustration of the laser-textured surfaces for lubrication adaptive design.

Surface roughness is an important factor in scuffing failure, whether it occurs under conditions of
boundary lubrication or mixed lubrication [48]. In this study, the surface of the bulk materials is not
very smooth with some initial defects, which might have affected the result of the test. The micro-pits
array of the laser-textured surfaces contains an error in depth and profile induced by the laser pulses.
In addition, it is not easy to design the thickness of the carbon film to get an excellent tribological
performance. A fairly thin film would lose its effects in dry and starved conditions, whereas a thick
film would rather weaken the interface characteristic of the textured surface contact resistance and
heat transfer. Moreover, the friction coefficients for several surfaces under starved conditions are not
available, which are constrained by the weak resistance to shock for torque sensors. Consequent upon
these problems and oversights, friction and wear behaviors carried out are quantitative to an extent,
accompanied by qualitative analysis. This result could not be set aside without a grave responsibility
for tribological performances and behaviors. Surface oxidization and van der Waals attractive energy
over the carbon structures with nanoscale conformity [69] lead to a novel, critical, and unfolding
surface treatment, yet some sagging problems with physicochemical actions demand further study.

5. Conclusions

This study illustrated the tribological performances of a laser-textured surface combined with carbon
coatings compared with three typical surfaces (smooth surface, textured surface, and coated surface).
The advantages of the textured surface with coating were demonstrated by surface characterization
and tribological tests on a ring-on-ring rig. The analyzed results made us understand the relationship
between material properties, surface topographies, and tribological behavior, as outlined below.

(1) Engineering surfaces after texturing and coating could be characterized using classical
roughness and Abbott–Firestone parameters. Worn regions were isotropic in the horizontal (parallel
to the sliding direction) and vertical directions. Changes in surface topography of worn traces were
related to the wear behaviors and friction mechanism.
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(2) Laser-textured surfaces with carbon coating significantly improved the friction and wear
properties of the 45 steel under lubricated conditions, by consistently maintaining a steady-state friction
coefficient. Comparing to the smooth surface, the stable friction coefficient under lubricated conditions
(medium speed and load) of the textured surface, coated surface, and textured and coated surface were
reduced by 17%, 41%, and 59%, respectively.

(3) The trend of temperature rise of the textured surface with coating was not consistent with that
of the friction coefficient under different working conditions, which has accounted for the significant
difference in the influence of the degree of working conditions (i.e., speed and load) on the friction
coefficient and temperature rise.

(4) Under lubricated conditions, the plowing friction was weakened by the viscous shearing of
lubricating oil, and the micro-cracks in the perpendicular direction of the sliding motion were present.
The textured surface with a coating underwent the plowing friction accompanied by corrosion and
adhesive wear under the conditions of high-speed and light load.

(5) Diamond-like carbon films, combined with microscopic bearing and pooling effects of surface
textures, could significantly improve the hydrodynamic lubrication performance, whereas the available
solid lubrication was available by the formation of low friction film under dry friction conditions.
The additional effect provided a basis and scheme for lubrication adaptive design under complex
working conditions.
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Abstract: In order to meet the requirements of high corrosion resistance, wear resistance, and self-
lubrication of composite coatings for marine applications, epoxy matrix composite coatings con-
taining PTFE and TiO2 nanoparticles were prepared on the steel substrate. With silane coupling
agent KH570 (CH2=C(CH3)COOC3H6Si(OCH3)3), titanium dioxide nanoparticles were modified,
and organic functional groups were grafted on their surface to improve their dispersion and interface
compatibility in the epoxy matrix. Then, the section morphology, tribological, and anticorrosion
properties of prepared coatings, including pure epoxy, epoxy–PTFE, and the composite coating
with unmodified and modified TiO2, respectively, were fully characterized by scanning electron
microscopy, friction–abrasion testing machine, and an electrochemical workstation. The analytical
results show that the modified TiO2 nanoparticles are able to improve the epoxy–PTFE composite
coating’s mechanical properties of epoxy–PTFE composite coating including section toughness,
hardness, and binding force. With the synergistic action of the friction reduction of PTFE and dis-
persion enhancement of TiO2 nanoparticles, the dry friction coefficient decreases by more than 73%.
Simultaneously, modified titanium dioxide will not have much influence on the water contact angles
of the coating. A larger water contact angle and uniform and compact microstructure make the
composite coating incorporated modified TiO2 nanoparticles show excellent anti-corrosion ability,
which has the minimum corrosion current density of 1.688 × 10−7 A·cm−2.

Keywords: composite coating; epoxy–PTFE; modified TiO2; tribological properties; corrosion resistance

1. Introduction

For the advantages of excellent friction, stable chemical property, and low cost [1–3],
epoxy resin is one of the excellent polymer coating materials, which is widely applied in
the metal protection, electronics, and medical equipment [4,5]. Especially, epoxy–PTFE
composite coatings have low friction coefficient and anticorrosion ability as well as high
temperature resistance [6]. Such coatings could increase the anticorrosion capacity of
metals and the self-lubricity of bearings as well as modify the hydrophobic and ice-phobic
properties for wind turbine blades [7–9].

However, due to the curing shrinkage and warpage deformation of epoxy, there are
always a lot of micro-pores and cracks in the composite coating. Moreover, the low
hardness of PTFE will also lead to the poor wear resistance of the epoxy–PTFE composite
coating [10,11]. A viable solution is to add hard or inorganic particles, such as TiO2, CuO,
CuF2, CuS, and Al2O3, which will improve the tribological properties of the coating [12–15].

Larsen et al. [14] obtained a composite coating containing CuO and PTFE by mixing
CuO and PTFE with epoxy solution. The evidence shows that both CuO and PTFE particles
are well dispersed in the epoxy. The incorporation of PTFE and CuO has a positive syner-
gistic effect on the friction and wear properties when the content of CuO is in the range
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of 0.1–0.4 vol.%. Hamad et al. [15] investigated the mechanical properties of toughened
epoxy by utilizing two kinds of nanoparticles sizes of TiO2 (17 and 50 nm) at different
weight fractions (1%, 3%, 5%, and 10%). The results indicate that the addition of a small
fraction of TiO2 nanoparticles can bring an improvement in the mechanical properties of
epoxy composite. Researchers also expect that the addition of some lubricating substances
will have a good effect on the performance of the epoxy resin composite coating [16,17].
The tribological properties of epoxy composites were also studied by Chang et al. [18].
With different proportions of graphite, PTFE, short carbon fiber, and TiO2 and their combi-
nations as additions, the frictional coefficient, wear resistance, and contact temperature of
composite coatings were tested in a dry sliding condition with different sliding velocities
and contact pressures. Results show that TiO2 works best in improving the wear resistance
of epoxy.

On the other hand, in order to meet the requirements of a corrosive environment, the
corrosion resistance of polymer coatings has received much interest recently. Shi et al. [19]
reported two methods to improve the dispersing of nanoparticles in epoxy coatings,
including silane treatment and preparing nano-oxide paste. Compared with nano-TiO2
paste and silane-treated nano-SiO2, the latter is better than the former in improving the
corrosion resistance and hardness of epoxy. Fadl et al. [20] fabricated TiO2 nanoparticles by
a simple template-free sol-gel method and mixed them with poly-dimethylamino siloxane
(PDMAS) to form a PDMAS/TiO2 nanocomposite as a modifier for polyamine-cured epoxy
coating. The corrosion resistance of PDMAS/TiO2 epoxy coating versus unmodified epoxy
was investigated by a salt spray accelerated corrosion test. The PDMAS/TiO2 epoxy coat-
ing has better corrosion mitigation and a self-healing effect. Radoman et al. [21] obtained
epoxy/TiO2 nanocomposites by the incorporation of modified TiO2 nanoparticles with
gallic acid esters in epoxy. Due to the deoxidizing effect of modified TiO2, the nanocompos-
ites have better corrosion resistance than that of the pure epoxy. Therefore, it is possible
to obtain better corrosion resistance of epoxy composite coating by incorporating and
modifying nanoparticles.

From the perspective of comprehensive performance, TiO2 nanoparticles were selected
as the additive in this study. SiO2 nanoparticles are mainly used to improve the mechanical
properties and heat resistance of epoxy composites. Nano-zinc oxide has the characteristics
of high activity, large specific surface area, easy agglomeration, and long dispersion time
before preparation. Therefore, it is a difficult point to prepare nano-zinc oxide-modified
epoxy resin. The surface of Al2O3 contains a large number of hydroxyl groups, which makes
it difficult to evenly disperse in epoxy materials. On the contrary, TiO2 nanoparticles not
only have good chemical stability but also have excellent heat resistance and UV protection,
so it is widely used in the fields of UV-resistant materials, packaging materials, and coatings.
At the same time as rigid nanoparticles and its strong adhesion, TiO2 is often used as a
modified filler to improve the bending strength, tensile strength, and impact strength of
epoxy resin. In the wear resistance test, TiO2 nanoparticles can significantly improve the
wear resistance of epoxy resin, because TiO2 nanoparticles have a large specific surface
area and a large contact surface with the substrate, which requires more external energy
when sliding [22,23].

Overall, the current research shows that pure epoxy resin coating has good corrosion
resistance, but the high friction coefficient and poor wear resistance could not meet the
requirements for use under friction conditions. Adding PTFE can reduce the friction coeffi-
cient, but the hardness and wear resistance are still low. Generally, incorporating soft phase
PTFE and hard phase TiO2 is an effective way to improve the tribological performance of a
coating. Nevertheless, due to agglomeration and the poor compatibility of nanoparticles
in the coating, composite coatings that involve nanoparticles often show low corrosion
resistance. In the paper, the research focused on the improvements of both the tribological
property and corrosion resistance of epoxy composite coating. TiO2 nanoparticles were
modified by a silane-coupling agent to reduce their surface tension, avoid agglomeration,
and improve the interfacial compatibility with epoxy firstly. Then, the influence of modified
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TiO2 on the tribological properties and corrosion resistance of an epoxy–PTFE composite
coating were analyzed in detail.

2. Materials and Methods

2.1. Materials

The carbon steel SK85 was chosen as the substrate with dimensions of 30 × 12 × 1 mm3

and with the nominal composition as follows: 0.80%–0.90% C, ≤0.35% Si, ≤0.50% Mn,
≤0.03% P, ≤0.03% S, ≤0.20% Cr, ≤0.25% Ni, and ≤0.30% Cu. Epoxy resin (E44) with
viscosity range from 40,000 to 45,000 mPa·s at 25 ◦C was purchased from Nanjing Star
Synthetic Materials Co., LTD., Nanjing, China. TiO2 nanoparticles with an average diam-
eter of 40 nm were purchased from Shanghai Macklin Biochemical Co., LTD., Shanghai,
China. The silane coupling agent KH570 (CH2=C(CH3) COOC3H6Si(OCH3)3, ≥99%,
Silica Co., LTD., Nanjing, China) was used as a modifier. The ethanol (CH3CH2OH,
≥99.7%, Fuyu Fine Chemical Co., LTD., Tianjin, China) was used as a dispersant. The acetic
acid (CH3COOH, ≥99.8%, Sinopharm Group Chemical Reagent Co., LTD., Beijing China)
was used to adjust the pH value of the solution. Additionally, all reagents were used
without further purification.

2.2. TiO2 Modification

In this study, titanium dioxide nanoparticles were selected as the strengthening parti-
cles, the average diameter of which are 40 nm. They were modified by the silane coupling
agent KH570 (CH2=C(CH3) COOC3H6Si(OCH3)3) to graft organic functional groups on
the surface of TiO2 nanoparticles. The unique method is described as follows.

Ethanol was used as the dispersant, and the pH value was adjusted by acetic acid
to 6. The silane coupling agent KH570 and TiO2 nanoparticles were added into a certain
volume of dispersed solutions at a mass ratio of 15:100. Firstly, the configured modified
liquid was sonicated by ultrasonic liquid processors for 10 min. Then, it was disposed
with a magnetic stirrer at 50 ◦C for 240 min with a speed of 300 r/min. Subsequently,
the modified powder was washed with ethyl alcohol and deionized water three times to
remove excess organosilane. Finally, collected precipitates were dried at 80 ◦C in a drying
oven and stored in vials for further testing. The presence of organic phase on the modified
TiO2 nanoparticles surface was tested with the FT-IR spectrum (PerkinElmer Co., LTD.,
Shanghai, China).

2.3. Coating Preparation

Four kinds of coatings were prepared, including epoxy, epoxy–PTFE, epoxy–PTFE/TiO2
(unmodified), and epoxy–PTFE/TiO2 (modified). Carbon tool steel (SK85) and n-butanol
are chosen for the matrix material and diluent, respectively, and phenolic amine resin (T13)
was the curing agent for epoxy resin (E44). The mass ratio of T13/n-butanol/E44 was 1:2:4.
The mass content of PTFE and TiO2 was controlled at 15% and 2%, respectively. During the
preparation process, after stirring the mixture thoroughly, it was ultrasonicated for 10 min
to allow complete defoaming. Subsequently, the as-cleaned steel panels were immersed in
the mixture solution adequately for 20 min, and we used a small mold to ensure that the
thickness of the samples were uniform at 52 ± 3 μm. Then, the drying was carried out in
an oven at 90 ◦C for 180 min. Finally, samples were successfully prepared for evaluating
their surface morphology as well as mechanical and corrosion properties.

2.4. Coating Performance Testing

The performance test of coatings mainly includes the surface morphology, hardness,
bonding force, tribological properties, and corrosion resistance. The section morphology of
the coatings was characterized by scanning electron microscopy (SEM, FEI, Quanta200, OR,
USA). Shore durometers (Petey Testing Instrument Co., LTD., Guangzhou, China) were
used for testing the micro-hardness. The average micro-hardness value was acquired by
averaging the results of six measurements. The binding force of the coatings—the average
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results of two sets of measurements—was tested by pull-off tester (DeFeLsko Co., LTD.,
Ogdensburg, NY, USA). The tribological properties of the coatings were examined by a
friction-abrasion testing machine (SFT-2M, ZhongKe-kaihua, Lanzhou, China) at a load
of 5.0 N and a stage rotated speed of 200 r/min. The friction counterparts were GCr15
steel balls with a diameter of 5.0 mm; the radius of the friction circle was set to 2 mm,
the duration of each wear test was 10 min. Subsequently, the friction–wear behavior of
the coatings was estimated by SEM. The corrosion resistance of the composite coatings
was measured by an electrochemical workstation (CHI660B, Chenhua, Shanghai, China)
after being soaked in 3.5% NaCl solution for 72 h. The samples were used as the working
electrode, while a platinum sheet and a saturated calomel electrode (SCE) were the counter
and the reference electrodes, respectively. The test frequency of electrochemical impedance
spectroscopy (EIS) ranged from 1000 Hz down to 10 Hz, and the scanning voltage was
10 mV. The corrosion potential (Ecorr) and corrosion current density (icorr) were obtained
from the potentiodynamic polarization curves. All corrosion tests were performed at
room temperature.

3. Results and Discussions

3.1. The Modification of TiO2 Nanoparticles

The transmission FT-IR spectra of TiO2 nanoparticles with and without KH570 modifi-
cation were compared, as shown in Figure 1. For unmodified TiO2 nanoparticles, the ab-
sorption band between 3400 and 3500 cm−1 corresponds to the hydroxyl group (–OH)
due to the partial electron–hole pairs migration on the surface of TiO2 nanoparticles.
The vibration absorption peak is situated in the wavenumber interval of 500–750 cm−1,
which demonstrates the presence of Ti–O–Ti groups. However, the new absorption bands
appear in the FT-IR spectrum of modified TiO2 nanoparticles in curve b, and there are
some characteristic absorption peaks of KH570 at 2917 cm−1 (–CH3 and –CH2), 1717 cm−1

(C=O), 1620 cm−1 (C=C), 500–750 cm−1 (Ti–O–Si), so it could be inferred that the organic
functional group has been grafted onto the surface of TiO2 nanoparticles successfully.

 

Figure 1. FT-IR results of unmodified TiO2 and modified TiO2.

Figure 2 is the energy-dispersive spectrometer (EDS) pattern of the TiO2 nanoparticles
before and after modification. The content of Si and C elements in Figure 2b is much
higher than that in Figure 2a. The silane coupling agent molecule can be adsorbed on the
surface of TiO2 nanoparticles by its hydrophilic end and can react with the surface –OH
groups on TiO2 nanoparticles; therefore, the modified TiO2 nanoparticles contain Si and C
elements from KH570(CH2=C(CH3)COOC3H6Si(OCH3)3). All these experimental results
demonstrate that the organic functional group of KH570 was successfully grafted onto the
surface of TiO2 nanoparticles.
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(a) (b) 

Figure 2. The energy-dispersive spectrometer (EDS). (a) TiO2 (unmodify), (b) TiO2 (modify).

The fractured surface of four kinds of coatings was exhibited by scanning electron
microscopy (SEM), as shown in Figure 3. It can be seen that the fractured surface of epoxy
is very smooth (Figure 3a) even at 5000 times magnification. With the addition of PTFE
and TiO2 nanoparticles, the fractured surface of the composite coatings becomes much
rougher than that of the pure epoxy coating. Furthermore, by comparing Figure 3b,c, it can
be observed that there are still some flat areas and aggregated TiO2 nanoparticles on the
cross-section of the coating with unmodified TiO2 nanoparticles (Figure 3c). However,
with modified TiO2 nanoparticles, the composite coating fracture surfaces are much rougher
(Figure 3d), which can be attributed to the dispersive distribution of TiO2 preventing crack
propagation, and the excellent interfacial compatibility reducing the crack source. Generally,
an increased section roughness means that the path at the crack tip is distorted, and the
coating might absorb more section energy during the fracture process and possess better
fracture toughness. Therefore, due to the grafting of organic functional groups adsorbed
on the modified TiO2 nanoparticles surface, the toughness of the composite coating is
improved [24,25].

 
(a) (b) 

 
(c) (d) 

Figure 3. SEM images of section morphology of different coatings. (a) Unmixed epoxy, (b) epoxy-PTFE, (c) epoxy-
PTFE/TiO2(unmodify), (d) epoxy-PTFE/TiO2(modify).
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3.2. Hardness

Figure 4 shows the hardness values of different coatings. It indicates that the hardness
of epoxy–PTFE–TiO2 (modify), epoxy, epoxy–PTFE–TiO2 (unmodify), and epoxy–PTFE
coatings are arranged from high to low. The soft particles of PTFE improve the lubricity of
the coating but also reduce its hardness. In contrast, modified hard TiO2 nanoparticles can
enhance the hardness of epoxy–PTFE composite coating better than unmodified hard TiO2
nanoparticles. This is due to the modified TiO2 nanoparticles dispersing more evenly in
the coating, which has a dispersion strengthening effect in the coating.

Figure 4. Hardness of different coatings.

3.3. Interfacial Adhesion

The interface bonding adhesion strength of different coatings is given in Figure 5.
As Figure 5 shows, PTFE enhances the interfacial adhesion of epoxy coatings from 1.43 to
2.30 MPa. On the other hand, with the addition of modified TiO2 nanoparticles, the bonding
strength value of the composite coating reaches 2.70 MPa, which is higher than that of the
coating containing unmodified TiO2 nanoparticles. We interpreted that the introduction of
organic functional groups on the surface of TiO2 nanoparticles resulted in the formation of
hydrogen bonds and Si–O bonds between the TiO2 nanoparticles and the coating. The mod-
ified TiO2 nanoparticles have a strong interfacial adhesion with the surrounding particles,
and the van der Waals force attraction becomes stronger; therefore, the epoxy–PTFE–TiO2
(modify) composite coating has the highest interfacial adhesion value. This corresponds to
the improvement in section roughness and the hardness of the coating.

Figure 5. The results of interfacial adhesion.

162



Coatings 2021, 11 , 10

3.4. Tribological Properties

Figure 6 shows the friction coefficient curves of different coatings versus the sliding
time. As shown in Figure 6, with the addition of PTFE to epoxy, the friction coefficient
decreases from 0.6 to about 0.16. Furthermore, compared to curve C of adding unmodified
TiO2 nanoparticles, the friction coefficient of the composite coating is less than 0.10 after
adding modified TiO2 nanoparticles, as shown in curve D.

Figure 6. Friction coefficients of different coatings.

The SEM images of the worn surfaces are shown in Figure 7. After adding PTFE,
the wear track width of the epoxy coating decreases from 634.21 (Figure 7a) to 321.56 μm
(Figure 7b). Furthermore, with the addition of unmodified TiO2 nanoparticles (Figure 7c),
the width of the wear track narrows to 274.51 μm. With modified TiO2 nanoparticles,
the wear track becomes much smoother and narrower (Figure 7d). On the other hand,
there are many micropores on the worn surface of epoxy, which indicates that the epoxy
coating itself is not densification. When PTFE is incorporated, there are no obvious mi-
cropores. The PTFE with self-lubricating property spreads on the wear surface (as shown
in curve A and curve B), reduces the friction coefficient, and brings a much smoother
worn track (Figure 7b). When unmodified TiO2 nanoparticles were added into the coating,
particle agglomeration results in some micropores emerging on the worn surface (Figure 7c).
However, there are seldom obvious micropores on the worn surface with modified TiO2
nanoparticles (Figure 7d). Obviously, when modified TiO2 nanoparticles coexist in the com-
posite coating, uniformly dispersed nanoparticles and excellent interfacial compatibility
lead to the narrowest and smoothest wear track. The composite coating D has the most
excellent wear resistance.

Summing up, the friction coefficient of the composite coatings with PTFE is signifi-
cantly improved because of the formation of PTFE lubricating transfer film on the wear
surface. However, the wear resistance of a soft epoxy–PTFE composite coating is still
weakened. With PTFE and TiO2 coexisting in the epoxy–PTFE/TiO2 (unmodify) composite
coating, the combination of soft phase particles and hard phase particles leads to a higher
wear resistance. In contrast, a relatively good interfacial compatibility brought by the
modified TiO2 nanoparticles decreases the furrow and adhesive effects, which leads to
a lower friction coefficient, much smoother worn surface, and much higher wear resis-
tance. Meanwhile, the addition of PTFE and TiO2 nanoparticles may affect the mechanical
properties, and the good interfacial compatibility of modified TiO2 nanoparticles may
improve the mechanical stability of the coating, which may also affect the tribological
properties. As described by Homaeigohar et al., the uniform distribution of functionalized
graphite nanofilaments can improve the mechanical stability of nanocomposite hydro-
gels, and the addition of tricalcium phosphate can affect the mechanical properties of
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the polythylene [26,27]. All in all, the synergistic action of the friction reduction of PTFE
and dispersion enhancement of modified TiO2 nanoparticles of PTFE makes the epoxy–
PTFE/TiO2 (modify) composite coating show excellent friction reduction and anti-wear
performance.

 
Wear scar profile Magnification of wear marks 

(a) 

 
Wear scar profile Magnification of wear marks 

(b) 

 
Wear scar profile Magnification of wear marks 

(c) 

micropores

PTFE

micropores

PTFE

 
Wear scar profile Magnification of wear marks 

(d) 

PTFE

Figure 7. Wear scar morphology of different coatings. (a) unmixed epoxy, (b) epoxy–PTFE, (c) epoxy–
PTFE/TiO2 (unmodify), (d) epoxy–PTFE/TiO2 (modify).

164



Coatings 2021, 11 , 10

3.5. Anti-Corrosion Properties
3.5.1. Hydrophobic Performance

The water contact angle of coatings was measured for evaluating their hydrophobic
property, as shown in Figure 8. The water contact angles of the pure epoxy coating and
epoxy/PTFE composite coating are 74.81◦ and 100.90◦, respectively, which indicates that
PTFE can improve the hydrophobic property of the coating. With the further addition of
TiO2 nanoparticles to the epoxy–PTFE coating, due to the presence of hydroxyl groups
on the surface of TiO2 nanoparticles, the water contact angle of the composite coating is
reduced greatly to 56.84◦, which is manifested as hydrophilic. The small contact angle
of coating C will result in the worst corrosion resistance. In contrast, with adding the
modified TiO2 nanoparticles instead of unmodified TiO2, the water contact angle of the
composite coating approaches that of the pure epoxy coating, and the hydrophilicity of the
coating decreased greatly. However, due to the steric hindrance effect, the hydroxyl groups
on the surface of TiO2 are not fully replaced by organic functional groups and still have a
certain hydrophilicity.

Figure 8. Water contact angles of four kinds of coatings.

When PTFE as hydrophobic particles were added to the epoxy coating, the water con-
tact angle rose to 100.90◦, showing hydrophobicity. Due to the presence of hydrophilic hy-
droxyl groups on the surface of TiO2, the extremely poor interfacial compatibility between
TiO2 and epoxy coatings, resulting in easy agglomeration of TiO2. Therefore, as shown in
Figure 3c, there are still some flat areas on the cross-section of the coating, and the water
contact angle of epoxy–PTFE/TiO2 (modified) drops to 56.84◦ and shows hydrophilicity.
Due to the influence of steric hindrance, part of the hydroxyl groups on the modified TiO2
surface is replaced with organic functional groups. The interface compatibility between
TiO2 nanoparticles and the epoxy coating is enhanced, and the coating surface becomes
rougher, as shown in Figure 3d. The water contact angle of the composite coating ap-
proaches that of the pure epoxy coating, while the hydrophilicity of the coating decreases
greatly. All in all, the increase of the contact angle is beneficial to improve the corrosion
resistance of the coating.The extremely poor interfacial compatibility between TiO2 and
epoxy coatings, resulting in easy agglomeration of TiO2.

3.5.2. Potentiodynamic Polarization

The potentiodynamic polarization curves of different coatings are shown in Figure 9,
and Table 1 exhibits the corrosion current density (icorr) and corrosion potential (Ecorr).
Experimental results indicate that the corrosion current density decreases and the corrosion
potential of the coating increases with the addition of PTFE.
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Figure 9. Potentiodynamic polarization curves of different coatings.

Table 1. Potentiodynamic polarization parameters of different coatings.

Coatings
Corrosion Current Density

(A·cm−2)
Corrosion Potential (V)

epoxy 5.727 × 10−7 −0.564
epoxy–PTFE 3.702 × 10−7 −0.528

epoxy–PTFE/TiO2
(unmodify) 8.725 × 10−7 −0.614

epoxy–PTFE/TiO2 (modify) 1.688 × 10−7 −0.503

Due to the high hydrophilicity of TiO2 nanoparticles, the containing corrosive medium
of water molecules is more likely to penetrate the coating, get in the substrate, and reduce
the corrosion resistance of the coating thereby. As shown in Figure 9, after adding un-
modified TiO2 nanoparticles into the epoxy–PTFE coating, the corrosion current density
of the coating increases, and the corrosion potential decreases. In contrast, after adding
the modified TiO2 nanoparticles, the composite coating of epoxy–PTFE–TiO2 (modified)
has the minimum corrosion current density of 1.688 × 10−7 A·cm−2, and the corrosion
potential increases to some extent (−0.503 V). In comparison, the corrosion resistance of the
coating before the titanium dioxide modification is the worst. It can be speculated that the
modified TiO2 nanoparticles have better interfacial compatibility with epoxy, which pre-
vents the immersion of corrosive media and thus improves the corrosion resistance of the
epoxy–PTFE coating.

3.5.3. Electrochemical Impedance Spectroscopy

Figure 10 shows the test data of the electrochemical impedance spectroscopy (EIS).
As can be seen from the results in Figure 10a,b, with PTFE and unmodified TiO2 nanoparti-
cles involved in the coating, the arc radius in the Nyquist figure and the impedance value
of the low-frequency region in the Bode figure are very small; therefore, the addition of
unmodified TiO2 nanoparticles will reduce the corrosion resistance of the epoxy–PTFE
coating. On the contrary, after adding modified TiO2 nanoparticles into the epoxy–PTFE
coating, both the arc radius in the Nyquist figure and the impedance value of low frequency
in the Bode figure are larger, and the corrosion resistance of the epoxy–PTFE coating is
greatly improved. The analysis results are consistent with the Tafel curve test results.
Obviously, the poor corrosion resistance of coating C has been effectively addressed by the
modification treatment of TiO2 nanoparticles.
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(a) (b) 

Figure 10. Electrochemical impedance of the coatings. (a) Nyquist, (b) Bode.

4. Conclusions

In order to meet the requirements of high corrosion resistance, wear resistance,
and self-lubricating property of composite coatings for marine applications, the epoxy
composite coatings containing PTFE and TiO2 nanoparticles were prepared in this research.
Through the modification treatment of TiO2, the compactness of the coating is increased
and the hydrophilicity is decreased, which leads to excellent tribological properties and
corrosion resistance. The specific conclusions are as follows:

• Modifying the surface of TiO2 nanoparticles grafted with organic functional groups
can enhance their dispersion and further improve the interface compatibility with the
epoxy matrix. Simultaneously, the bonding force between the coating and the matrix
is increased. Compared with pure epoxy, epoxy–PTFE, and the composite coating
with unmodified TiO2, the epoxy–PTFE–TiO2 composite coating with modified TiO2
has the lowest friction coefficient and the most excellent wear resistance.

• With the incorporation of modified TiO2 nanoparticles, the hydrophilicity of the
epoxy–PTFE composite coating decreases significantly, which is beneficial to improve
the corrosion resistance of the composite coating. Simultaneously, modified TiO2
nanoparticles improve the interface compatibility and densification of the composite
coating. There are very few micropores in the coating, so it is difficult for the water
molecules containing corrosive media to penetrate the coating and get into the matrix.
The composite coating including modified TiO2 nanoparticles possesses better corro-
sion resistance than that of the coating with unmodified TiO2. By the modification
treatment of TiO2 nanoparticles, the poor corrosion resistance of an epoxy–PTFE–TiO2
composite coating has been effectively addressed.
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Abstract: The paper considers the research results of structural-phase state and tribological character-
istics of detonation coatings based on Ti–Si–C, obtained at different filling volumes of the explosive
gas mixture barrel of a detonation gun. The results analysis indicates that the phase composition and
properties of detonation coatings strongly depend on the technological parameters of spraying. With
an increase of the explosive mixture in the filling volume of the detonation barrel up to 70% of the
coatings consist mainly of the TiC phase, because high temperature leads to a strong decomposition
of Ti3SiC2 powders. Thus, the XRD results confirm that at 70% of the explosive gas mixture’s filling
volume, partial decomposition and disintegration of the powders occurs after detonation spraying.
We established that detonation coatings based on titanium carbosilicide obtained at the explosive
gas mixture’s filling volume at 60% are characterized by high wear resistance and adhesive strength.
Thermal annealing was performed after spraying in the temperature range of 700–900 ◦C for 1 h
to reduce microstructural defects and improve the Ti–Si–C coating characteristics. As a result of
the heat treatment in the Ti–Si–C system at 800 ◦C, we observed that an increase in the volume
fraction of the Ti3SiC2 and TiO2 phases led to a 2-fold increase in microhardness. This means that the
after-heat-treatment can provide a sufficient reaction time for the incomplete reaction of the Ti–Si–C
(TSC) coating during the detonation gun spraying. Thus, annealing can provide an equal distribution
of elements in the coatings.

Keywords: detonation gun spray; structure; carbolized titanium; hardness; wear resistance; phase;
adhesion; heat treatment

1. Introduction

Currently, carbides, silicides, and transition metals have aroused considerable interest
due to increasing demand. In particular, the most frequently mentioned phases in the
Ti–Si–C system are TiC, Ti5Si3, and Ti3SiC2. They attract considerable interest due to their
unique metallic combination and ceramic properties. As metals, they have good electrical
and thermal conductivity, high plasticity, good machinability and excellent thermal shock
resistance. As ceramics, they have low density, high stiffness, high melting points, and
good resistance to oxidation and corrosion [1–3]. Such exceptional properties result from
the coexistence of strong covalent ionic MX bonds and weak metallic MA bonds within a
layered hexagonal structure (space group P63/mmc) of MAX materials, which are created
by repeating a three-layer structure (consisting of two Mn + 1xN layers intercalated by a
single atomic layer A) [4]. A unique distinctive feature of these materials is the layered
structure of their crystal lattice—the regular arrangement of layers of M and A atoms
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of elements that have reduced binding energy between them. Tightly packed layers of
titanium atoms alternate with layers of silicon atoms, and carbon atoms occupy octahedral
interstices between titanium atoms [5,6]. These properties make the phase material Ti3SiC2
MAX ideal for extreme condition applications. In addition, system Ti–Si–C has good
characteristics under conditions of abrasive wear and corrosion. However, production
coatings based on Ti–Si–C production by traditional methods are associated with a high
temperature and duration of their obtaining process. Sprayed coatings based on Ti3SiC2
are usually accompanied by phases TiC and Ti–Si. The short reaction time of powder
mixtures and the decomposition of Ti–Si–C at high temperature are the main problems for
the phase’s purity. An analogous problem occurs with plasma spraying of coatings [7]. In
addition, using heat treatment to improve the characteristics of the resulting coatings is
not well studied. Considering their tribological application, the question of how to deposit
Ti3SiC2-based coatings with high wear resistance is still undecided.

Among the coating methods, detonation spraying and high-velocity oxy-fuel (HVOF)
spraying [8–11] have an obvious advantage in comparison to plasma spraying and other
spraying methods because of high particle flight speed and lower operating temperature.
Detonation spraying coatings from powder are based on the use of explosion energy of a
fuel–oxygen mixture and are known as a promising method for obtaining coatings from
various materials with good adhesion [12]. The higher velocity flow of particles allows
providing higher density and adhesive strength of the detonation coating. The essential
advantage of the detonation spraying method is the ability to accurately control the amount
of explosive gas mixture used for each shot of the detonation gun, which allows changing
the degree of thermal and chemical effects of detonation products on the particles of
spraying powder [13]. Depending on the composition of the acetylene–oxygen explosive
mixture, from a O2/C2H2 ratio and from the nature of the gas carrier, chemical interactions
may occur between the individual phases of the composite particles [14,15]. In this regard,
the detonation method of coating is of considerable interest. Therefore, much attention is
directed at obtaining detonation coatings from binary and ternary phases relevant to the
Ti–Si–C system.

In connection with the above, the aim of this work is to study the structural features
and tribological properties of coatings based on Ti–Si–C, which are obtained by the deto-
nation method under various deposition modes, as well as to study the effect of thermal
annealing on the structural and phase states of coatings based on Ti–Si–C.

2. Materials and Methods

By detonation spraying on the surface of steel U9 (with 0.94 wt.% C) Ti3SiC2 coatings
were obtained. The chemical composition of the powder was Ti: 74 wt.%; SiC: 20 wt.%;
C: 6.0 wt.%, and powder particle size was between 20 and 40 μm. Before spraying, the
substrate was sandblasted to improve the adhesive strength of the coatings. The value of
the surface roughness parameter after sandblasting was on average (Ra) 3.2 microns. The
distance between the treated surface of the sample and the detonation barrel was 200 mm.
The straight barrel diameter was 20 mm.

The CCDS2000 (LIH SB RAS, Novosibirsk, Russia) detonation set-up was used to
obtain the coatings, which has a system of electromagnetic gas valves that regulate the
supply of fuel and oxygen and control the system purging (Figure 1). The acetylene–oxygen
mixture was used as a fuel gas, which is the most used fuel during detonation spraying of
powder materials. Spraying was carried out at the ratio of the acetylene–oxygen mixture
O2/C2H2 = 1.856. The volume of the explosive gas mixture of the detonation gun barrel
was varied from 50% to 70%. The average shot frequency of working gases at 4 Hz was:
acetylene 4–7; propane–butane mixture 2 . . . 3, 5; oxygen 10 . . . 12; nitrogen 10 . . . 15 m3/h.
Nitrogen was used as a carrier gas.
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Figure 1. Schematic diagram of the CCDS2000 detonation complex: 1—control computer; 2—gas
distributor; 3—mixing-ignition chamber; 4—spark plug; 5—barrel valve; 6—fuel line; 7—oxygen
line; 8—gas valves; 9—gas supply unit; 10—indicated part of the barrel; 11—powder feeder; 12—
workpiece; 13—manipulator; 14—the muzzle of the barrel; F1—acetylene; F2—propane–butane;
O2—oxygen; N2—nitrogen.

The research phase composition of the samples was studied by X-ray diffractometer
X’PertPro (Philips Corporation, The Nederlands) using CuKα radiation. The shooting was
carried out in the following modes: tube voltage U = 40 kV; tube current I = 20 mA; exposure
time 1s; shooting step Δ2θ ~ 0.02◦ and 2θ = 10–90◦. The surface morphology was studied
by scanning electron microscopy using secondary (SEs) and backscattered electrons (BSEs)
on a Vega3 (Tescan, Brno, Czech Republic) scanning electron microscope. Tribological tests
for sliding friction were performed on a high-temperature tribometer TRB3 (Anton Paar Srl,
Peseux, Switzerland) using the standard “ball-disc” technique (international standards ASTM
G 133-95 and ASTM G 99) [16,17]. A counterbody was used comprising a ball with a diameter
of 3.0 mm made of SiC-coated steel. The tests were carried out at a load of 10 N and a linear
velocity of 3 cm/s, a radius of wear curvature of 4 mm, the friction path was 41 m. Wear tracks
were studied using a non-contact 3D profilometer MICROMEASURE 3D (STIL, France) station.
The CSEM Micro Scratch Tester (Neuchatel, Switzerland) was used to study the adhesive
characteristics of coatings by the “scratching” method. Scratch testing was performed at a
maximum load of 30 N; the rate of change of normal loading on the sample was 29.99 N/min,
the speed of movement of the indenter was 9.63 mm/min, the length of the scratch was
10 mm, the radius of tip curvature was 100 microns. To obtain reliable results, three scratches
were applied to the surface of each coated sample. The obtained coatings with mechanical
properties (Young’s modulus, hardness) were studied by a NanoScan-4D Compact (FSBI
TISNCM, Russia) nanohardometer. The tests were carried out at a load of 200 mN. Loading
time, unloading time, and the time of supporting the maximum load were each 5 s. The
dependence of the penetration depth on the applied force at the loading and unloading stages
was determined by the Oliver–Pharr method. At least 10 measurements were carried out on
each sample, the results of which were averaged. Sample tests for abrasive wear were carried
out on an experimental stand (Figure 2a) against soft fixed abrasive particles according to the
“rotating roller–flat surface” scheme in accordance with GOST 23.208-79, which conforms to
the American standard ASTM C 6568 [18,19]. Sample tests for impact and abrasive wear were
carried out on an experimental stand in accordance with GOST 23.207-79 (Figure 2b) [20].
For a comparative assessment of the wear resistance of detonation coatings, tests were
carried out in the following modes: impact energy E = 3.3 J, impact velocity υ = 1 m/s, and
impact frequency n = 200 min−1. The samples tested for abrasive and impact-abrasive
wear underwent 8–10 tests. After each test, the mass loss of the samples was determined
and was given the average value with the standard deviation. The microhardness of the
samples was measured by a diamond indenter on a PMT-3M (LOMO, Russia) device in
accordance with GOST 9450-76 [21], at a load of 200 g and an exposure time of 10 s [22].
Thermal annealing of coated samples was carried out in a laboratory tubular electric
furnace of resistance SUOL-0.4.4/12 (0.4.4—dimensions of working space, 40 × 400 mm;
12—the nominal temperature of the working space, 1200 ◦C) in a vacuum of 10−2 Pa at
temperatures of 700 ◦C, 800 ◦C, and 900 ◦C for 1 h, followed by cooling in the furnace.
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The temperature was measured and regulated by a precision high-precision temperature
controller HTC-2 [23].

Figure 2. The experimental test stand for testing of samples: (a) abrasive wear according to the
“rotating roller–flat surface” scheme; (b) impact and abrasive wear.

3. Results and Discussions

Figure 3 shows the diffractograms of Ti3SiC2 powder and Ti–Si–C coating obtained
at the barrel filling volume of an explosive gas mixture from 50% to 70%. The results of
powder XRD analysis showed that the powder consisted of Ti3SiC2 as the main phase and
TiC as the secondary phase. The diffractograms of Ti–Si–C coatings showed a decrease in
the intensity of Ti3SiC2 diffraction lines and an increase in TiC intensity, which indicated a
partial decomposition of the Ti–Si–C system and agreed with the data [24–31]. A decrease
in the intensity of diffraction lines in the Ti–Si–C system after detonation spraying was
due to the deintercalation of silicon from Ti–Si–C lattice layers [25,26] since the silicon
flatness had weak connections with Ti–C flatness. This occurred due to detonation spraying
when the Ti–Si–C system lost a certain amount of silicon due to its high “fugacity” [27].
XRD analysis showed that when the barrel was filled with explosive mixtures to 50% and
60%, a low degree of Ti3SiC2 decomposition was achieved, and also after spraying the
appearance of reflexes (100) and (106) of the Ti3SiC2 phase was detected. With an increase
in the filling volume of the detonation barrel to 70%, a decrease in the intensity of the
diffraction peaks of Ti3SiC2 was observed because of the decomposition of the powder
into TiC. In the detonation wave flow, the Ti3SiC2 powder decomposed due to high-speed
shock interaction heated to high temperatures. Thus, the XRD results confirmed that at
70% of the explosive mixture’s filling volume, partial decomposition and disintegration of
the powders occurred after detonation spraying.

Figure 3. Diffractogram of Ti3SiC2 powder and Ti–Si–C coatings obtained at different filling volumes
of the explosive gas mixture of the detonation gun barrel.
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The SEM image shows that the cross section of the sprayed coating is not flat and contin-
uous. From the image’s analysis, it follows that the coating structure has an inhomogeneous
structure with pores, a typical layered, wave-like arrangement of structural components.
Significant pores (the dark area highlighted by a circle) can be seen in the image of the coating
cross section (Figure 4b,d). The border between the coating and the base has a characteristic
zigzag shape. The structure consists of small particles and several large flat spots with periodic
observations of the morphology of terraces in certain areas (Figure 4a,c), the light gray area
indicates mainly the Ti3SiC2 phase, highlighted by a rectangle, and the friable and dark gray
area indicates the TiC phase. Dark areas have large volume fractions in the coatings. The
surface roughness of coatings Ti–Si–C (Ra) comprises 2.5–2.65 μm.

Figure 4. SEM images of the morphology of coating cross section: (a) Ti–Si–C 60% while 100 μm; (b)
Ti–Si–C 60% while 20 μm; (c) Ti–Si–C 70% while 100 μm; (d) Ti–Si–C 70% while 20 μm.

One of the main factors determining the coating quality was adhesion. Figure 5 shows
the adhesive strength testing results of scratch testing. The moment of coating adhesive
or cohesive failure was fixed visually after testing using an optical microscope with a
digital camera, also by changing two parameters: acoustic emission and friction force. It
should be noted that not all recorded events associated with the destruction of the coating
describe the actual adhesion of the coating to the substrate. Various registration parameters
during testing processes allowed fixing different coating failure stages; so, Lc1 means the
moment of appearance of the first crack, Lc2 the peeling of coating areas, and Lc3 the plastic
abrasion of the coating to the substrate [32]. According to the type of change in the acoustic
emission (AE) amplitude, it was possible to judge the crack formation intensities and their
development in the sample during scratching. The Ti–Si–C system coatings that occurred
during the explosive gas mixture filling volumes of 50% and 60% were visible, the first
crack was formed at a load of Lc1 = 12 N. Then the process continued in a certain cycle. A
corresponding peak of acoustic emission accompanied each crack formation (Figure 5a,b).
Partial abrasion of the coating to the substrate was judged by a sharp change in the friction
force growth intensity. This occurred at a load of Lc3 = 29 N, which was also confirmed by
visual observation, noting a change in the color of the sample material at the bottom of the
scratch (Figure 5a,b). The Lc3 value indicated a high adhesive strength of coating adhesion
to the substrate.
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Figure 5. Results of the scratch test of Ti–Si–C coatings obtained at different filling volumes of the
explosive gas mixture of the detonation gun barrel: (a) 50%, (b) 60%, and (c) 70%.

The Ti–Si–C system coating obtained at the explosive gas mixture filling volume of
70% shows appearance cracks (Figure 4c) observed at Lc1 = 8 N load. According to adhesion
tests, it can be argued that the cohesive destruction of the sample coating occurred at 8 N,
and its adhesive destruction at 29 N. The Ti–C system has a higher stiffness, so it is natural
to expect minimal elastic and intense plastic deformation during the adhesion test [33].

For coatings of this functional purpose, wear resistance is one of the most important
exploitation properties, which is reflected both in the capacity of structures as a whole and
in the conservation of the geometric dimensions of individual parts. The results of coating
tribological tests showed that the filling volume of the explosive mixture and the coating
structures had a significant impact on the value of the friction coefficient of the coating
surface and wear resistance. Therefore, in the case of composite coatings Ti–Si–C obtained
with the filling volumes of the explosive mixture at 50% and 60% in the detonation gun
barrel, the friction coefficient at the initial stage of testing to 18.40 and 25.10, respectively,
was 0.15–0.20 μ and slightly increased; subsequently the friction coefficient increased
monotonously from 0.25 to 0.60 μ (Figure 6). The obtained coating Ti–Si–C system’s friction
coefficient at a filling volume of 70% was 0.60 μ. According to the XRD analysis results,
the increasing wear resistance of the Ti–Si–C system coatings with detonation barrel filling
volumes of 50% and 60% was related to a larger proportion of the Ti3SiC2 phase.

With the profilometer were taken images of the wear track of the studied samples
(Figure 6). Assessing the samples’ wear resistance based on the wear tracks’ geometric
parameters illustrated that the depth of the sample track at 70% of the explosive mixture’s
filling volume was significantly greater when compared with others. The detonation
coatings based on titanium carbolized were characterized by high wear resistance.

174



Coatings 2021, 11 , 141

Figure 6. Tribological tests results of Ti–Si–C coatings obtained at different filling volumes of the
explosive gas mixture of the detonation gun barrel and track profiles: (a) 50%; (b) 60%; (c) 70%

The study results of the mechanical characteristics of the obtained coatings were carried
out by the Oliver–Pharr method, and typical dynamic loading–unloading diagrams are shown
in Figure 7. From the analysis of the loading and unloading curves, it can be seen that the
penetration depth of the nano-indenter in the cases of explosive gas mixture filling volumes
of 50% and 60% was less than in the case of 70% filling volume. According to the analysis of
the indentation curves, it can be concluded that the elastic stiffness of the coatings during 70%
filling was higher (Figure 7b) when compared to the rest (Figure 7a,b). According to the XRD
analysis results, when the filling volume of the explosive mixture in the detonation gun barrel
increased to 70% a coating was formed with a high content of the TiC phase. Thus, the results
of nano-indentation and scratch testing were in good agreement and confirmed the formation
of TiC, which had a higher stiffness compared to Ti3SiC2.

Figure 7. Loading–unloading curves for Ti–Si–C coatings obtained at a different explosive gas mixture filling volumes of
the detonation gun barrel: (a) 50%; (b) 60%; (c) 70%.

The values of hardness and modulus of elasticity of the research samples obtained from
the loading–unloading curve analysis are shown in Table 1. As visible from Table 1, coatings
with a high content of Ti3SiC2 had higher hardness values compared to the coating with
the prevailing TiC phase.
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Table 1. Results of nano-indentation.

Coating Filling Volume, % HIT, GPa Eeff, GPa

Ti–Si–C
50 10.07 ± 1.63 242.36 ± 51.61
60 10.01 ± 2.31 235.96 ± 44.05
70 7.51 ± 0.50 198.99 ± 17.70

The detonation spraying process is characterized by a significant number of techno-
logical parameters. The complexity and insufficient study of the phenomena underlying
it makes it very difficult to trace the relationship of individual parameters to determine
the process optimal modes, using one-factor experiments. Therefore, experimental and
statistical methods of regressive analysis and the theory of experiment planning are used
when optimizing the process. Abrasive and impact-abrasive wear are two of the main
factors that limit working parts, machines, and equipment components for various pur-
poses. To assess the resistance of Ti–Si–C coatings to abrasion and impact-abrasive wear,
tests were carried out on special stands. Table 2 shows the test results of the abrasive and
impact-abrasive wear. The coated samples’ mass loss was less than that of the original
sample, which indicates an increased resistance to impact and abrasive wear. This is due
to the presence of a larger proportion of the hardening carbide phase TiC in the Ti3SiC2
coating. This is due to an increase of the strengthening phase TiC in the composition of the
protective coating. There is a significant increase in internal stresses and a decrease in the
amount of the more plastic phase, which ultimately decreases toughness.

Table 2. Abrasive and impact-abrasive wear test results.

No Samples Name Filling Volume, %
Mass Loss, g

(Abrasive
Wear)

Wear Coefficient,
K (Abrasive

Wear)

Weight Loss, g
(Impact and

Abrasive Wear)

Wear Coefficient,
K (Impact and

Abrasive Wear)

1 Steel 45 - 0.0302 1 0.0508 1

2 Sample without
coating - 0.0265 1.14 ± 0.14 0.0475 1.07 ± 0.13

3 Ti3SiC2 coating 50 0.0192 1.57 ± 0.19 0.0399 1.3 ± 0.16

4 Ti3SiC2 coating 60 0.0122 2.47 ± 0.3 0.0336 1.51 ± 0.18

5 Ti3SiC2 coating 70 0.0203 1.48 ± 0.18 0.04 1.27 ± 0.15

According to the determination results of the samples’ mass loss after testing wear
on the fixed abrasive (Figure 2), the greatest strength was found in a coating obtained by
the 60% (0.0122 g) filling volume of the detonation gun barrel and the smallest was in
the filling volume of 70% (0.0203 g), the wear resistance of all coatings was higher than
the initial sample (0.0265 g). The detonation coatings based on titanium carbolized were
characterized by high wear resistance.

Thus, in this work, we made the effort to obtain composite coatings based on Ti–Si–C
with the Ti3SiC2 phase by detonation spraying. The analysis of the obtained experimental
results indicated that the phase composition and properties of detonation coatings strongly
depend on the technological parameters of spraying. With an increase of explosive gas
mixture in the filling volume of the detonation barrel up to 70% of the coatings consisted
mainly of TiC phases, since high temperature leads to a strong decomposition of Ti3SiC2
powders [34]. Consequently, the successful production of high-purity MAX-phase coatings
by detonation spraying was not reported. Based on the analysis of literature sources [35,36]
and preliminary studies, it was suggested that if gas–thermal deposition of substances
of the Ti–Si–C system is carried out, it would be possible to obtain a multiphase coating
containing such phases as carbides, silicides, and carbosilicides of titanium, and during
subsequent heat treatment–regulation of its phase composition. Thermal annealing was
performed in the temperature range 700–900 ◦C for 1 h.
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The Vickers hardness of Ti–Si–C composite coatings before and after annealing is
shown in Figure 8. The hardness of the composite coating increased significantly with
increasing the annealing temperature: at T = 700 ◦C, the microhardness was 1150 HV;
at T = 800 ◦C, the microhardness was 1400 HV; and at T = 900 ◦C, the microhardness
decreased to 850 HV.

Figure 8. Effect of annealing temperature on the microhardness of coatings based on Ti–Si–C.

Aiming to identify the cause of the change in microhardness, we performed XRD
analysis of coatings before and after annealing. The results of XRD analysis of coatings
showed (Figure 9) that the coating before annealing consisted of TiC and Ti3SiC2 phases.

Figure 9. Diffractograms of Ti–Si–C coatings at different annealing temperatures.

After annealing, the formation of TiO2 phases and an increase in the reflex intensities
(103) and (108) of Ti3SiC2 phases were observed. Compared to the after-sprayed coatings,
the phase fraction of the Ti3SiC2 phase in the after-annealing coatings increased signifi-
cantly. A change in the fraction of phases indicated a solid-phase transformation during
thermal activation. An increase in the TiO2 line intensity was observed after annealing at
T = 900 ◦C, which indicated an increase in the thickness of the oxide layer. The increase in
microhardness after annealing was associated with an increase in the content of Ti3SiC2
phases in coatings. At the same time, after annealing at T = 900 ◦C, the decrease in micro-
hardness was insignificant due to an increase in the oxide layer’s thickness. After annealing
at 800 ◦C, an increase in the Ti3SiC2 line intensity indicated an increase in the symmetric
movements of C atoms in the Ti3SiC2 molecule. This means that subsequent heat treatment
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provided sufficient reaction time for an incomplete reaction of the Ti–Si–C (TSC) coating
during detonation spraying.

The microstructure of Ti–Si–C800 consisted of a titanium-rich region (light region) and
a TiCx region diluted by Si (light gray regions). Heat treatment can lead to the diffusion
of C and Si atoms [37]. Thus, annealing can provide a more homogeneous distribution
of atoms in coatings after annealing. This can be verified by displaying the Ti–Si–C and
Ti–Si–C800 elements in Figure 10. As shown in Figure 10, the Ti, C, and Si maps show
separate rich and scarce areas. Moreover, the C and Si atoms have a similar distribution
in most regions of the element map. The red color on the Ti map corresponds to the dark
zones of C deficiency and Si deficiency on the C and Si maps, respectively, identified as the
Ti phase (C, Si). After annealing at 800 ◦C, the three elements showed a more homogeneous
distribution (Figure 11). This means that the high temperature provided a more intense
diffusion of C and Si atoms.

Figure 10. The microstructure of the cross section of coatings with a color images of energy-dispersive
spectrometer (EDS) mapping and the result of analysis after annealing at 800 ◦C.

Figure 11. The coatings’ surface morphology before (a) and after (b) annealing at 800 ◦C.

The results of tribological testing of coatings showed that the temperature of thermal
annealing and the structure of the coatings themselves had a significant impact on the
coefficient of friction of the coating surface and wear resistance. So, in the case of composite
Ti–Si–C coatings, the friction coefficient was 0.65–0.70 before annealing. After thermal
exposure at temperatures up to 800 ◦C, the friction coefficient at the initial stage of testing
(up to 12.40 m) was 0.30–0.35 and a slight increase occurred, at which the friction coefficient
increased monotonically from 0.35 to 0.70 as in the case before annealing (Figure 12).
According to the results of the X-ray phase analysis, an increase in the wear resistance
of the surface layers of the Ti–Si–C composite material after 800 ◦C was associated with
the formation of TiO2 and the presence of a larger fraction of the TiC carbide hardening
phase (Figure 9). In [38,39], it was shown that an oxide compound based on TiO2 increases
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the wear resistance and strength of materials. Detonation coatings based on titanium
carbosilicide are characterized by high wear resistance.

Figure 12. Results of tribological experiments of Ti–Si–C coatings before and after annealing at 800 ◦C.

4. Conclusions

The paper described an experimental study of the effect of the detonation gas filling
mode on the phase composition and strength characteristics of the Ti–Si–C coatings system.
It was shown that the phase composition of detonation coatings can be significantly
changed relative to the phase composition of the initial powders, depending on the filling
volume of the detonation barrel with an explosive acetylene–oxygen mixture. When the
filling volume of the detonation barrel with an explosive mixture increases to 70%, the
coatings consist mainly of TiC phases. The Ti3SiC2 powder partially decomposes into TiC
due to the high-speed shock interaction of high temperatures in the detonation wave flow.
The X-ray phase analysis results showed that when filling the barrel with explosive mixture
to 50% and 60%, a low degree of Ti3SiC2 decomposition can be achieved, the coatings
consist mainly of Ti3SiC2 phases with small TiC content. With an increase in the detonation
barrel’s filling volume of the explosive acetylene–oxygen mixture, the heating temperature
of the sprayed powder increases. High temperature contributes to the decomposition of
Ti3SiC2 powder into TiC. Thus, the XRD results confirmed that when the explosive gas
mixture filling volume is 70%, partial decomposition and disintegration of the powders
occur after detonation spraying. It is established that detonation coatings based on titanium
carbosilicide obtained at the explosive gas mixture filling volume of 60% are characterized
by high wear resistance and adhesive strength.

Thermal annealing was performed after spraying in the temperature range of 700–900 ◦C
for 1 h to reduce microstructural defects and improve the Ti–Si–C coating characteristics.
As a result of heat treatment in the Ti–Si–C system at 800 ◦C, an increase in the volume
fraction of the Ti3SiC2 and TiO2 phases leading to a 2-fold increase in microhardness was
observed. This means that the after-heat-treatment can provide a sufficient reaction time for
the incomplete reaction of the Ti–Si–C (TSC) coating during the detonation gun spraying.
Thus, annealing can provide an equal distribution of elements in the coatings.
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Abstract: The aim of the article was to identify the effect of material hardness on the tribocorrosion
process by comparing two material solutions. The analysis concerned the assessment of the process
intensity and the identification of the mechanisms responsible for material loss. Possible mechanisms
of tribocorrosion common for materials of high hardness were determined. Two classic material
solutions (based on AISI 1045 steel) ensuring high hardness of the subsurface layers were tested:
nitriding with an additional oxidation and impregnation process, and Physical Vapour Deposition
(PVD) coating. In order to better identify the impact of hardness on the tribocorrosion process
in each individual test, the pressures in the contact zone were increased. The tribocorrosion tests
were carried out in 3.5% NaCl with free corrosion potential (OCP) for the ball-on-plate system. The
results of the tribocorrosion tests presented in the article indicate that the synergy effect of friction
and corrosion can be generated by the same mechanisms of material removal in both the material
solutions tested. The intensity of these mechanisms is determined by material hardness. The likely
mechanism of generating the synergy effect may be related to the formation of local pits along the
friction path. The corrosion processes that are initiated by the cracking of the hard surface layer
create local cavities, which most probably intensify frictional wear in successive time intervals. The
area around the cavities facilitates plastic deformation, the initiation of cracking of the cyclically
deformed layer and the tearing of larger pieces of material (especially at higher unit pressures in the
frictional contact zone).

Keywords: tribocorrosion; PVD; Cr/CrN; wear mechanics

1. Introduction

Many sliding nodes in devices operating in a seawater environment (e.g., on oil
rigs) are exposed to damage caused by tribocorrosion. The loss of material caused by the
combined impact of friction and corrosion can be a significant operational problem. One
way to eliminate this problem and to extend the durability of the equipment is the use of
high hardness materials. High hardness of the surface layer ensures adequate resistance
to mechanical stress as well as friction damage. The higher durability of the surface layer
should also reduce the material loss caused by the corrosive nature of seawater. The most
intense corrosive interactions resulting from mechanical forces are initiated on the freshly
exposed surface of the material.

In the article, two classic material solutions (based on AISI 1045 steel) ensuring high
hardness of the subsurface layers were selected for an analysis of the tribocorrosion process:
nitriding with an additional oxidation and impregnation process, and the application of
a physical vapour deposition (PVD) coating. The selected materials are the result of a
search for solutions to be used for elements operating at high pressures in the seawater

Coatings 2021, 11 , 242 . https://doi.org/10.3390/coatings11020242 https://www.mdpi.com/journal/coatings

183



Coatings 2021, 11 , 242

environment (e.g., actuator pistons on drilling platforms). Classical material solutions were
selected because the purpose of the research analyses was an attempt to identify some
common features of the tribocorrosion process in the group of materials with high hardness.

Material hardness may be a major factor in tribocorrosion. Many analytical models
used to predict tribocorrosion use material hardness as a determinant of the intensity of
material loss [1,2]. Material hardness has both mechanical and corrosion-related effects.
Material loss caused by friction occurs at the points of actual contact and to a smaller
material loss caused by friction. The corrosive processes are initiated on a surface pre-
viously exposed by mechanical separation of the material [3,4]. The material hardness
therefore affects the intensity of the electromechanical impact as well. The higher the
hardness, the higher the resistance of the material to wear caused by friction. However,
this does not always mean higher resistance to tribocorrosion [5]. It is often the case that
a technological process used to make a material harder will reduce the resistance of the
material to corrosion.

Physical vapour deposition (PVD) coatings are widely used on many machine parts
and tools to produce surface with anticorrosion and antiwear properties [6–12]. The
coating lifetime depends not only on the properties of the base material from which they
are produced, but also on the substrate surface properties. Therefore, the benefits of using
modern PVD coatings are undisputed. By increasing the hardness of their surfaces and
their resistance to corrosion, the parts of machines and tools covered with PVD coatings
show lower wear, good adhesion and high hardness [13].

The CrN layer produced by using the PVD method has a better corrosion resistance
than the TiN/TiAlN layers. Researchers [14] have found that the corrosion resistance in a
3% NaCl solution of AISI 304 steel coated with TiN, TiAlN and CrN is the highest for CrN
coating, and the lowest for TiN. Su et al. [15] compared CrN and TiN layers fabricated by
using the PVD method on tools and parts of machines and found a significantly higher
resistance to wear due to friction on CrN coatings in comparison to TiN coatings.

The CrN coating is quite frequently used as protection against mechanical and corro-
sive wear in the manufacture of machine parts (especially sliding nodes) and tools. One of
the more commonly used methods of applying CrN coatings is the PVD method. Recently,
tribocorrosion tests of CrN coatings created by using the PVD method in the chloride ion
environment have been carried out. The tribocorrosion performance shows significant
resistance to wear and corrosion [16–19].

The production of duplex and hybrid layers in combined heat and chemical treatments
with PVD methods is currently widely used. As has been mentioned above, the synergy
effect of the hybrid layer, resulting from the combination of two individual processes
makes it possible to obtain excellent performance that would otherwise be impossible
to achieve in separate processes [20]. Individual component layers of the tested hybrid
Cr/CrN coating were fabricated using the PVD method. Bayon et al. [21] investigated this
type of hybrid coating. The research examined the tribocorrosion behavior of multilayer
coatings with different structures by instantaneous deviations measurements of standard
potential under friction conditions. Tribocorrosion tests were performed in a chloride
ions environment. The studies found that the wear rate has a significant effect on the
tribocorrosion performance and that the tribocorrosion wear occurs as a result of the
damage and removal of the surface layer and the substrate material exposure to the
corrosive medium.

The excellent resistance to mechanical wear and very good corrosion resistance of
hybrid Cr/CrN coatings were confirmed in subsequent studies [6,22]. The hybrid layers,
manufactured by using the PVD process, widely used to increase the anticorrosive and
mechanical properties of the surfaces of machines and tools, present a synergy effect [13,20].
The tests confirm the excellent resistance to mechanical wear and corrosion of a hybrid
coating Cr/CrN in a chlorine environment [6,21,23].

In addition, a controlled gas nitriding process with subsequent oxidation and an
impregnation process increases the tribocorrosion performance of material in a 3.5% NaCl
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environment [24]. This might be used for many parts of machines and equipment exposed
to tribocorrosion wear [25].

The article presents an assessment of resistance to tribocorrosion for selected materials
of high hardness in a seawater environment. The tribocorrosion process was comparatively
analyzed for two material solutions of different hardness rates at increasing pressures. In
individual tests, the mechanical forces were differentiated in order to better identify the
impact of hardness on the process of material removal.

The main goals of the research are as follows:

• A comparative assessment of resistance to tribocorrosion in 3.5% NaCl of the analyzed
material solutions;

• The identification and quantitative evaluation of the synergy of friction and corrosion
in the total material loss;

• The identification of the probable mechanism of the friction–corrosion synergy effect
under tribocorrosion conditions.

The authors of this article assume that it is possible to identify a likely shared mecha-
nism creating a synergy of friction and corrosion for high-hardness materials. However,
the analysis is based on two different material solutions only.

2. Materials and Methods

2.1. Coatings and Identification Methods

The gas nitrided with subsequent oxidation and impregnation and the Cr/CrN hybrid
coatings were formed on samples made from medium carbon steel AISI 1045 containing
0.45% C, 0.65% Mn and 0.25% Si. The formation process of the Cr/CrN coating was carried
out by means of the arc-evaporation method (Arc-PVD). The device (Metaplas Ionon,
Radom, Poland) was equipped with three arc sources, a substrate polarization system, the
substrate temperature and operating gases monitoring systems. Pure chromium cathodes
were used as the source of arc for the formation of Cr/CrN hybrid coatings. Disk-shaped
samples of substrate sheets 10 mm in diameter and 6 mm thick were selected for the tests.
The samples were mechanically polished to obtain a roughness parameter Ra = 0.03 μm
before the coating deposition process was initiated. Before the samples were placed in the
device chamber and the hybrid surface treatment was carried out, a chemical washing
process in an ultrasonic cleaner had been applied. They were skimmed at UMO-50-100
station (Radom, Poland) by using TRI and ethyl alcohol and dried thoroughly, according
to the parameters given in Table 1.

Table 1. The cleaning process parameters of AISI 1045 samples made in ultrasonic cleaner.

Stage Number Stage Name Stage Parameters

1 submerged cleaning time: 8 min, temperature 85 ◦C
2 submerged cleaning time: 8 min, temperature 50 ◦C, ultrasounds
3 submerged cleaning time: 8 min, temperature 85 ◦C
4 vapor cleaning time: 8 min

Prior to the start of each process, the samples had been preheated in a vacuum chamber
using resistance heaters. The preheating temperature was approx. 300 ◦C with a pressure
of 5.0 × 10−5 mbar. The process of deposition of the Cr/CrN hybrid coating was launched
by the deposition of a thin coating of chromium with a thickness below 1 μm. Then, a
chromium nitride coating was produced. Table 2 summarizes the technological parameters
of the Cr/CrN coating build-up process.
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Table 2. Parameters of Cr/CrN metallic coating deposition process.

Type of Process Pressure (mbar) Temperature (◦C)
Polarization Voltage

Ubias (V)
Process Time

(min)
Atmosphere

heating <1 × 10−5 300 – 30 –
etching by Ar ions 5 × 10−3 300 −300 25 100% Ar
etching by Cr ions 5 × 10−3 400 −300 15 100% Ar

Cr deposition 5 × 10−3 400 −50 5 100% Ar
CrN deposition 3.5 × 10−3 380 −150 120 100% N2

Samples made of AISI 1045 steel were subjected to a preliminary heat treatment before
gas nitriding process to improve the properties. Firstly, the samples were hardened at
860 ◦C for 0.5 h. Secondly, the samples were tempered at 480 ◦C for 2 h. Then the samples
were subjected to controlled gas nitriding at 570 ◦C, for 5 h in a 100% dissociated ammonia
atmosphere with a 2.5 nitrogen potential. After the gas nitriding process, the compound
layer was subjected to oxidation. This process was carried out in a steam atmosphere at
the temperature of 550 ◦C. The resulting oxide layer was impregnated with BS 45 as a
corrosion inhibitor. The surface zone of the gas nitrided coating is porous. In order to
ensure better corrosion resistance, this coating is impregnated with corrosion inhibitor.
The thin protective oxide layer formed on the surface of gas nitrided coating ensures the
tightness of porous.

The structure and surface morphology of the coatings were analyzed through mi-
croscopic observations performed using a Hitachi TM-3000 scanning electron microscope
(Radom, Poland) with a BSE detector and Tescan Mira3 (Poznan, Poland). The structure
was investigated using polished metallographic cross-sections of steel samples with coat-
ings. The X-ray phase analysis used a Bruker D8 diffractometer (Plock, Poland) with CuKα

X-rays (λ = 0.1541837 mÅ).
Surface engineering is the process where the design of surface and substrate systems

is defined so as to enhance their properties and achieve performance that could not be
achieved either by the surface composition or by the substrate itself. According to the
rules for taking hardness measurements with the use of penetration methods, plastic
deformation caused by the penetrator should occur only in the tested material area. Based
on this assumption, both hardness and Young modulus measurement of PVD coating was
determined by using NanoHardness Tester (Radom, Poland) equipped with the Berkovich
indenter and an optical microscope (Radom, Poland). The device allows for load setting
within the 0.05 and 500 mN and enables precise selection of the indenter penetration depth
in the tested material in the range up to 1000 μm. The following parameters were used in
the measurements: F = 10 mN, dF/dt = 60 mN/min. The gas nitrided coating hardness
measurement was carried out on metallographic sections perpendicular to the surface
of the samples. The Neophot 2 light microscope (Plock, Poland) with the Hanemann
attachment under the load of 20 g (HV0.02) was used to prepare tests in accordance with
the Vickers method based on the EN ISO 6507-1 code [26]. The metallographic sections
were also used for the thickness measurements of the tested coatings.

The indentation method is a destructive penetration method. The adhesion test
based on this method consists of the Rockwell indenter pressing perpendicularly into the
tested coating with a constant acting force on the indenter. Microscopic observations were
used to assess the form and intensity of the coating damage in the penetration area. The
indentation method was a comparative evaluation. The adhesion assessment was carried
out by classifying forms of destruction into six categories [27]. The adhesion test was
carried out using a Revetest tester (Radom, Poland) equipped with a Rockwell indenter
and an optical microscope (Radom, Poland).
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2.2. Tribocorrosion Tests and Wear

The tests of the tribocorrosion process were carried out for a model ball-on-plate
sliding matching in an electrolytic environment. The test samples were mounted in a
special PVC chamber holding a corrosive environment of 3.5% NaCl. The counter-face was
an undeformed pin equipped with an Al2O3 alumina ball, which slides in a rotary way
back and forth on the sample.

The potentiostat ATLAS 9833 (Atlas-Sollich, Poznan, Poland) with three electrode
configuration was used to monitor the potential in the friction pair. A standard calomel
electrode (SCE) was used as a reference electrode. Its potential versus standard hydrogen
electrode was 244 mV. A platinum wire was used as the counter electrode (CE). The speci-
men operated as the working electrode (WE). Once each test was finished, profilometric
measurements of the depth trace of wear were taken in the mid-distance of the friction path.
A detailed description of the presented tribocorrosion test methodology was published in
previous articles [28,29] and this methodology was designed and executed according to
the concept presented by Mischler and Jemmely in their work [30,31].

During each test the ball slid over a track length of 6 mm with the frequency of 2 Hz
for the period of about 60 min. All the experiments involved the use of Al2O3 alumina
balls with the diameter of 7.0 mm. The tests were carried out at the following loads: 9, 13,
and 19 N. The smallest load corresponds to the maximum initial Hertz contact stress of
about 1.4 GPa. The main tribocorrosion tests were performed at the open circuit potential
(OCP). In order to identify the tribocorrosion components, tests were also performed under
the conditions of cathodic polarization (−900 mV vs. SCE) at the load of 13 N.

3. Results

3.1. Characterisation of the Coatings

It can be concluded from Figure 1 that in the hybrid layer composed of Cr and CrN
there occur CrN phases with a regularly centered grid and Cr2N with a hexagonal grid.
The examination also shows the presence of chromium and iron phases.

 

Figure 1. XRD pattern of Cr/CrN coating produced by means of the physical vapor deposition (PVD) method on AISI
1045 steel.
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The surface of the Cr/CrN PVD coating at 500× magnification is shown in Figure 2.
An analysis of the surface morphology of the obtained hybrid coating has shown a homo-
geneous structure with a small number of droplets. The tested thickness of hybrid coating
was 4.7 μm. However, a thin coating of Cr was approximately 1 μm and thickness of CrN
was about 3.7 μm.

Figure 2. An image of the hybrid layer produced using a scanning electron microscope, consisting of Cr layer and CrN,
produced on AISI 1045 medium carbon steel.

A microstructure investigation of the coatings produced on the surface of AISI 1045
steel was also carried out, and it is shown in Figure 3. The gas nitride coating with
subsequent oxidation was disclosed by means of nital etching of metallographic cuts.
The total thickness of the coating was about 27 μm. However, the thickness of the oxide
layer was about 6 μm and the thickness of the nitrided gas only was about 21 μm. The
microstructure of the Cr/CrN coating was obtained on polished metallographic cro

 
(a) (b) 

Figure 3. The microstructure of the tested coatings produced on AISI 1045 steel (a) Cr/CrN PVD, (b) gas nitrided with
subsequent oxidation and impregnation.
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The measurements of hardness and Young’s modulus of the Cr/CrN hybrid coating
were carried out while maintaining the maximum indenter penetration lower than 10% of
the coating thickness. The measurement results are shown in Table 3.

Table 3. The measurement results of hardness.

Coating Hardness HV

gas nitrided 778 ± 72
Cr/CrN 2627 ± 260

The analysis of the results of hardness measurements showed that the tested Cr/CrN
PVD coating is characterized by a higher hardness than the gas nitrided coating. The
Young’s modulus of the Cr/CrN hybrid coating is 337 GPa. The hardness and the Young’s
modulus of the samples made from AISI 1045 steel are 235 HV and 202 GPa, respec-
tively [22]. The images shown in Figure 4 make it possible to estimate the coating adhesion
with the use of the indentation method.

 

(a) (b) 

Figure 4. The adhesion results by using the indentation method of Cr/CrN coating. (a) contact zone; (b) edge of contact zone.

According to the destruction classification forms presented in [24], the adhesion
assessment may be assigned to grade HF2. It indicates good Cr/CrN coating adhesion to
the AISI 1045 carbon steel substrate.

3.2. Corrosion Resistance

Figure 5 shows the polarization curves of the tested coatings—Cr/CrN PVD and
gas nitrided with subsequent oxidation and impregnation. The polarization curves were
utilized to indicate the corrosion potential and the corrosion current density. The corro-
sion potential of the gas nitrided coating with subsequent oxidation and impregnation is
Ecorr = −468 mV and Ecorr = −553 mV for the Cr/CrN PVD coating, while the corrosion
current density, icorr, is 4 and 0.5 μA/cm2, respectively.

The factor which largely determines the coating’s resistance to the impact of the
corrosive environment is its thickness. In this case, after oxidation and impregnation the
thickness of the nitrided coating is about 27 μm and is four times greater than the thickness
of the Cr/CrN PVD coating, which is about 5 μm.
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(a) (b) 

Figure 5. Polarization curves of the tested coatings: (a) Cr/CrN PVD, (b) gas nitrided with subsequent oxidation and im-
pregnation.

3.3. Tribocorrosion Performance

The main results of the tribocorrosion tests—performed at an open circuit potential
(OCP)—are shown in Tables 4 and 5. Table 4 shows the depth of the wear trace as an
evaluation of material loss during the tribocorrosion test. On the other hand, Table 5
presents material loss expressed as the volume of the wear trace, which will allow for the
selection of tribocorrosion components in the next part of this article. The tables show the
mean values for the test series and the standard deviation. At least three tribocorrosion
tests were performed for each load value. Figure 6 shows the tribocorrosion wear trace
of the tested coatings. The results show that tribocorrosion wear occurred only in the
tested zone.

Table 4. Tribocorrosion wear of investigated materials related to different acting forces on the basis
of the wear trace.

Material Type

Acting Force (N)

9 13 19

Depth of the Tribocorrosion Wear Trace (μm)

gas nitrided coating 6.44 ± 0.18 8.46 ± 0.46 11.72 ± 0.19
Cr/CrN PVD 0.975 ± 0.035 1.307 ± 0.095 2.09 ± 0.12

Table 5. Tribocorrosion wear of investigated materials related to different acting forces on the basis
of the volume wear.

Material Type

Acting Force (N)

9 13 19

Volume Tribocorrosion Wear (mm3)

gas nitrided coating 0.01098 ± 0.00054 0.01635 ± 0.00098 0.02679 ± 0.00056
Cr/CrN PVD 0.000642 ± 0.000035 0.000996 ± 0.00011 0.00203 ± 0.00017
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(a) (b) 

Figure 6. Profile shapes of the wear trace of the investigated coatings after tribocorrosion tests at an open circuit potential,
EOCP: (a) Cr/CrN PVD, (b) gas nitrided with subsequent oxidation and impregnation.

The tribocorrosion test results of the Cr/CrN PVD coating provided under the load
of 9 N show the depth of the wear trace of about 1 μm. However, under the load of 19 N,
it was approximately 2 μm. These values for the gas nitrided coating are approx. 6 and
12 μm, respectively. The smallest tribocorrosion wear volume in the case of AISI 1045 steel
with the gas nitrided coating is 0.011 mm3, and it corresponds to the 9 N load, whereas the
largest wear volume—0.027 mm3—corresponds to the force of 19 N. In the case of Cr/CrN
PVD coating, the material loss increases when the loads in the contact zone are enhanced.
The tribocorrosion wear volume varies from 0.00064 to 0.00203 mm3 related to the changes
of the acting force. All the presented results clearly show that the material loss in the case
of Cr/CrN PVD coating is lower than in the case of the gas nitrided one with subsequent
oxidation and impregnation coating in the chloride ions environment.

Apart from assessing the tribocorrosion resistance of the tested materials, the synergy
effect between friction and corrosion in the tested process was also identified quantitatively.
The research tests and computational analyses were carried out for the loading force of
13 N. The total material loss during tribocorrosion (T) is the sum of only mechanical wear
(W0), only corrosion wear (C0), and the synergy effect of wear and corrosion (S) [32]:

T = W0 + C0 + S (1)

The pure mechanical wear was estimated on the basis of the test with cathodic poten-
tial polarization in 3.5% NaCl environment (approx. 900 mV vs. SCE). Exemplary wear
profiles obtained for the cathodic polarization are shown in Figure 7. The mere corrosive
wear (C0) was calculated on the basis of the corrosion current density by using the Faraday
equation (Table 6). In the total tribocorrosion wear of both tested materials, the mechanical
wear and the corrosion synergy effect can be observed. It is above 30%.

Table 6. An analysis of tribocorrosion wear components under the load of 13 N.

Material Type
Total Material
Loss T (mm3)

Pure Wear W0

(mm3)
Pure Corrosion C0

(mm3)
Synergistic Effect S =
T − (W0 − C0) (mm3)

S/T (%)

gas nitrided 16.35 × 10−3 11.06 × 10−3 1.55 × 10−5 5.28 × 10−3 32
Cr/CrN PVD 0.99 × 10−3 0.65 × 10−3 7.59 × 10−7 0.34 × 10−3 34
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(a) (b) 

Figure 7. Profiles shape comparison of the wear traces of the investigated coatings after tribocorrosion tests at an open
circuit potential and cathodic potential: (a) Cr/CrN PVD, (b) gas nitrided with subsequent oxidation and impregnation.

Figure 8 presents the potential changes during the tribocorrosion tests under the load
of 19 N. Both tested coatings present similar potential characteristics, showing passivation
capability. This is demonstrated by the decrease in the potential when the test was initiated
with a ball movement. The ball displacement removes the passive layers on the sample
surface. When the ball stops and the wear process is completed, the potential increases. A
passive oxide layer occurs again on the wear trace surface.

 
Figure 8. Time evolution of the potential during the tribocorrosion test for the tested coatings at an
open circuit potential, EOCP: Cr/CrN PVD (the red line) and gas nitrided with subsequent oxidation
and impregnation (the black line).

4. Discussion

The first of the highlighted goals of the presented study was a comparative analysis
of tribocorrosion of the Cr/CrN PVD and gas nitrided coatings produced on AISI 1045
medium carbon steel in 3.5% NaCl. The full range of all applied loads shows that the
PVD coating presents lower tribocorrosion wear than the gas nitrided one. The better
resistance to corrosion activity of 3.5% NaCl and a higher hardness of the PVD coating can
be considered as the main causes of this state.

The actual contact zone in the friction node is smaller for the Cr/CrN PVD coating.
Consequently, the separated material comes from a smaller area due to frictional inter-
actions. It correlates directly to the intensity of tribocorrosion wear. The tribocorrosion
processes are generally initiated on the surface that is exposed by mechanical removal of

192



Coatings 2021, 11 , 242

the material. In the case of the harder PVD coating, tribocorrosion processes occur on a
smaller area and are not as intense as in the case of the gas nitrided coating (Figure 5).

For both analyzed material solutions, in the quantitative assessment (Table 6), a clear
synergy effect of friction and corrosion was found. Despite the clear difference in the total
tribocorrosion wear (Tables 4 and 5), the synergy effect for both materials is very similar (ca.
30%). It can be concluded that (perhaps) in both cases the tribocorrosion process occurs due
to the same elementary wear mechanisms intensified by the unit pressure in the frictional
contact zone.

In order to verify this assumption, the elementary mechanisms of tribocorrosion were
identified by observing the wear to the surface. Figures 9 and 10 show traces of wear on
the tested coatings under various loads in the friction contact zone. The images depict the
diversity of the wear mechanisms (their type and intensity). It can also be seen that the
pressure in the contact zone affects the tribocorrosion process.

  
(a) (b) 

 
(c) 

Figure 9. Pictures of the wear trace surface for the gas nitrided coating at an open circuit potential, EOCP, under specific
loads: (a) 9 N, (b) 13 N, (c) 19 N.
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(a) (b) 

 
(c) 

Figure 10. Pictures of the wear trace surface for Cr/CrN PVD coating at an open circuit potential, EOCP, under specific
loads: (a) 9 N, (b) 13 N, (c) 19 N.

For the lowest load value in the contact zone the abrasive wear prevails in the case of
the gas nitrided coating. (Figure 9a). The parallel grooves are noticeable on the surface of
the wear trace that correspond to the movement direction of the counter-sample. When
the tests were completed under the load of 13 N, local cavities along the friction path
occurred (Figure 9b—area 2). These are most likely due to the corrosive nature of the
environment in places where the material separation (a phenomenon of local nature) had
previously occurred as a result of friction. Such a mechanical separation of the material
can also result from cracking of the hard surface layer. The area of the local cavity was
analyzed in terms of its chemical composition. The obtained result differs from the chemical
composition of the tested material in the area of a uniform material loss. The sites where
the chemical composition was analyzed are marked in Figure 9b. The results of the analysis
are presented in Figure 11. The difference (a lower nitrogen content) may indicate a large
depth of the defect. A local cavity can create a synergy of friction and corrosion in the
total tribocorrosion wear. Under the cyclic conditions, crack initiation may occur as a
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result of fatigue processes leading to the separation of larger material part around cavities
(pits). These forms of wear are indicated following the test under the highest load value
(Figure 9c). The numerous material detachments along the friction path may also be a
result of plastic deformation. The implemented force of 19 N during the test facilitates the
described material damage, especially around local pits. The authors of [33–35] have also
found that the tribocorrosion of nitride steel causes local indentation that initiates material
loss caused by fatigue.

  
(a) (b) 

Figure 11. An analysis of the chemical composition of the wear trace for the gas nitrided coating (13 N): (a) the area of a
uniform material loss (Figure 9b—area 1), (b) local cavity (Figure 9b—area 2).

The Cr/CrN PVD coating is characterized by a higher hardness and better corrosion
resistance in a 3.5% NaCl environment. The above-mentioned properties of the coating
determine the course of elementary wear mechanisms in the tribocorrosion process. At
the lowest tested load value, the PVD coating (Figure 10a) has a milder abrasive wear
(shallow grooves) compared to the gas nitrided one. In the case of an average tested
load value (13 N), the grooves appear less frequently, and the wear is of a milder form
(Figure 10b). Figure 12 compares the chemical composition of the sample inside the local
cavity (Figure 10b—area 2) and within its vicinity in the area of a uniform material defect
(Figure 10b—area 1). The significantly lower content of chromium and nitrogen may
indicate a large pit depth. The higher hardness of the Cr/CrN PVD coating ensures
greater resistance to plastic deformation and adhesion. Therefore, the detachment of larger
fragments of the material occurs only locally at the highest loads (Figure 10c). Similar
tribocorrosion mechanisms were observed in other studies [17,35–37].

  
(a) (b) 

Figure 12. An analysis of the chemical composition of the wear trace for Cr/CrN PVD (13 N): (a) the area of a uniform
material loss (Figure 10b—area 1), (b) local cavity (Figure 10b—area 2).
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Local cavities in the wear trace, which are important for the formation of the synergy
of friction and corrosion, are the result of local corrosion processes. It may be proved by the
fact that such forms of damage do not occur under conditions of cathodic polarization. The
surface of the wear trace following the tribocorrosion tests under cathodic polarization is
shown in Figure 13. In comparison with the traces obtained at the OCP potential, there are
no visible local pits (for both materials). Such pits do not form under cathodic polarization
conditions. Generally, material loss occurs as a result of abrasive wear.

  
(a) (b) 

Figure 13. Pictures of the wear trace surface at an open circuit potential, EOCP, under the load of 13 N: (a) gas nitrided with
subsequent oxidation and impregnation, (b) Cr/CrN PVD.

In the case of both tested material solutions (despite the significant difference in
hardness and resistance to tribocorrosion), it was found that a common mechanism for
generating the synergy of friction and corrosion is likely. This mechanism is related to the
formation of local cavities along the friction path. The formation of local cavities (pits) is
favored by corrosive interactions in the frictional matching and susceptibility to cracking
of the hard surface layer. No pitting was observed under cathodic polarization conditions.
The concentration of stress around a local cavity promotes plastic deformation of the surface
layer. The cyclical nature of these interactions related to the displacement of the contact
zone in the tested sliding node may lead to fatigue cracking of the deformed layer—tearing
off larger pieces of material. Such forms of wear were observed at the highest pressures
in the contact zone. Under the analyzed conditions (the test conditions), the described
tribocorrosion mechanism seems to be common for materials of high hardness. It needs
to be noted, however, that the above conclusion is based on a comparative analysis that
included only two material solutions.

5. Conclusions

Attempts were made in the article to find possible mechanisms of tribocorrosion that
would be common to materials of high hardness. It was found that synergy of friction
and corrosion can be generated by the same mechanisms associated with the formation
of local cavities (pits) on the hard surface layer for both materials. It was also observed
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that the intensity of these mechanisms is determined by material hardness. A comparative
analysis of tribocorrosion process was carried out only for two material solutions of high
and different hardness. Under the analyzed conditions (the test conditions), the described
tribocorrosion mechanism can be considered as characteristic of high hardness materials.

1. The Cr/CrN PVD coating produced on AISI 1045 medium carbon steel provides
better tribocorrosion resistance than the gas nitrided with subsequent oxidation and
impregnation coating in a 3.5% NaCl environment. This relation applies to the entire
range of loads in the contact zone which were applied during the tribocorrosion tests.

2. In tribocorrosion tests, a clear synergy effect of friction and corrosion was identified
for both tested material solutions. It was over 30% in both cases. A similar percentage
of the synergy effect, despite the clear difference in the total tribocorrosive loss, may
indicate that similar elementary destruction mechanisms occur in the case of both
analyzed material solutions.

3. According to the diagnosed fundamental tribocorrosion mechanisms, the synergy
effect is caused by the fact that corrosion processes create local cavities which at
successive time intervals are most likely to intensify mechanical wear. The area around
the cavities facilitates plastic deformation, the initiation of cracking of cyclically
deformed layers and the tearing off larger fragments of material (especially at higher
unit pressures in the frictional contact zones).
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