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1. Introduction and Scope

Hydroforming processes of metal tubes and sheets are being widely applied in man-
ufacturing because of the increasing demand for lightweight parts in sectors such as the
automobile, aerospace, and ship-building industries. This technology is relatively new
compared with rolling, forging, or stamping, so that there is limited knowledge avail-
able for the product or process designers. Compared to conventional manufacturing via
stamping and welding in particular, tube hydroforming offers several advantages, such
as (1) a decrease in workpiece cost, tool cost, and product weight, (2) an improvement of
structural stability and an increase of the strength and stiffness of the formed parts, (3) a
more uniform thickness distribution, (4) fewer secondary operations, etc. However, this
technology suffers some disadvantages, such as slow cycle time, expensive equipment, and
the lack of an effective database for tooling and process design.

Compound forming, which involves hydroforming and other forming processes such
as crushing or preforming, is implemented to achieve a lower clamping force and forming
pressure, as well as to ensure a uniformly distributed thickness of the formed product.
Other tube hydroforming related effects like hydro-piercing, hydro-joining, hydro-flanging
and hydro-inlaying are also important topics.

The aim of this Special Issue is to present the latest achievements in various tube
and sheet hydroforming processes together with other tube processing technology and
innovation. Through this Special Issue, a comprehensive understanding of the present
status and future trends of tube/sheet hydroforming technology are to be expected. Thus,
all researchers in this field were invited to contribute their research works to this special
issue.

This special issue consists of some extended papers presented at The 9th International
Conference on Tube Hydroforming (TUBEHYDRO 2019) held in Kaohsiung, Taiwan in
2019, and some papers newly submitted from authors with and without attending the
conference.

2. Contributions to the Special Issue

The contributions are generally divided into three basic groups according to the work-
piece geometry and forming methods. The first group is tube hydroforming (THF) [1–9], in
which a hydraulic media and dies are used to deform a tube workpiece. The second group
is tube forming [10–14], in which only dies are used to deform a tube workpiece. The third
group is sheet hydroforming [15,16], in which dies and/or hydraulic media are used to
deform a sheet workpiece.

In the first group, many different forming technologies and methodologies related to
tube hydroforming were used to overcome the forming difficulty to successfully obtain
the desired product dimensions and material properties. For example, Yasui et al. [1]
developed a warm hydroforming system and used this system to examine experimentally
and numerically the influence of internal pressure and axial compressive displacement
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on the formability of small-diameter ZM21 magnesium alloy tubes in warm tube hy-
droforming. Supriadi et al. [2] proposed a vision-based fuzzy control algorithm and an
image processing technology to manufacture bellows with a semi-dieless forming process.
Morishima and Manabe [3] used finite element analysis combined with a fuzzy control
model to carry out optimization of symmetrical temperature distributions and process
loading paths for the warm T-shape forming of magnesium alloy AZ31B tube. Hwang
and Tsai [4] developed a tube hydroforming process using a novel movable die design for
decreasing the internal pressure to manufacture irregular bellows with small corner radii
and sharp angles. Hwang et al. [5] proposed a new hydro-flanging process combining
hydro-piercing and hydro-flanging to investigate the effects of punch shape and loading
path in the hydro-flanging processes of aluminum alloy tubes. Bach et al. [6] used the
functionality of the tools and the heating strategy for a curved component as well as a
measurement technology to investigate the heat distribution in a component during hot
metal gas forming (HMGF). Yoshimura et al. [7] proposed a local one-sided rubber bulging
method of metal tubes to evaluate various strain paths at an aimed portion and measured
the forming limit strains of metal tubes at the place of the occurrence of necking under
biaxial deformation. Han and Feng [8] investigated the circumferential material flow using
overlapping blanks with axial constraints in tube hydroforming of a variable-diameter part.
Alexandrov et al. [9] proposed a simple analytical solution for describing the expansion
of a two-layer tube under plane-strain conditions with an arbitrary pressure-independent
yield criterion and a hardening law. The results can be applied to the preliminary design of
hydro-expansion processes.

The second group consists of manuscripts related to tube forming with dies without
hydraulic media inside the tube. Kajikawa et al. [10] proposed a tube expansion drawing
method to effectively produce a thin-wall and large-diameter tube. Hirama et al. [11]
proposed a new ball spin forming equipment, which can form a reduced diameter sec-
tion on the halfway point of a tube. The effects of forming process parameters on the
surface integrity and deformation characteristics of the product were investigated. Arai
and Gondo [12] proposed a method of forming a tube into an oblique/curved shape by
synchronous multipass spinning, in which the roller moves back and forth along the
workpiece in the axial direction to gradually deform a blank tube into a target shape. Naka-
jima et al. [13] investigated the deformation properties and suppression characteristics of
an ultra-thin-walled rectangular tube in rotary draw bending with a laminated mandrel.
Tomizawa et al. [14] investigated the crash characteristics of partially quenched curved
products by three-dimensional hot bending and direct quench. The results can be used as
fundamental research of the design for improving energy absorption.

The third group includes only two articles, one is related to sheet hydroforming
and the other is related to sheet friction tests. Hong et al. [15] developed a pneumatic
experimental apparatus to evaluate strain rate sensitive forming limits of 7075 aluminum
alloy sheets under biaxial stretching modes at elevated temperature. Hwang and Chen [16]
investigated the frictional behaviors of sheets at variant speeds using a self-developed
sheet friction reversible test machine. The effects of various parameters, including sliding
speeds, contact angles, sheet materials, and lubrication conditions on friction coefficients at
the sheet–die interface were discussed.

2.1. Tube Hydroforming Processes

Magnesium and its alloys have been widely applied in the automotive, aircraft and
telecommunication industries for their excellent characteristics, such as light weight and
high strength. In addition, magnesium alloy has been expected to be employed as a
material in medical devices, owing to its outstanding biocompatibility. Yasui et al. [1]
developed a warm hydroforming system and used this system to examine the effects of
internal pressure and axial compressive displacement on the formability of small-diameter
ZM21 magnesium alloy tubes in warm tube hydroforming. The deformation behavior
of ZM21 tubes, with a 2.0 mm outer diameter and 0.2 mm wall thickness, was evaluated
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in taper-cavity and cylinder-cavity dies. The simulation code used was the dynamic
explicit finite element code, LS-DYNA 3D. The experiments were conducted at 250 ◦C.
The deformation characteristics, forming defects, and forming limit of ZM21 tubes were
investigated. Their deformation behavior in the taper-cavity die was affected by the axial
compressive direction. Additionally, the occurrence of tube buckling could be inferred by
changes of the axial compression force, which were measured by the load cell during the
processing. In addition, grain with twin boundaries and refined grain were observed at
the bended areas of tapered tubes. The hydroformed samples could have a high strength.
Moreover, wrinkles, which are caused under a lower internal pressure condition, were
employed to avoid tube fractures during the axial feeding. The tube with wrinkles was
expanded by a straightening process after the axial feed. It was found that the process of
warm THF of the tubes in the cylinder-cavity die was successful.

Metal bellows consist of convoluted metal tube that provides high flexibility in various
directions. They have been widely applied in the flexible joining of piping systems for
water, oil, and gas provisions. Metal bellows are usually produced through a hydroforming
or a gas-forming process. Supriadi et al. [2] proposed earlier a novel semi-dieless bellows
forming process with a local heating technique and axial compression. However, with this
technique it is extremely difficult to maintain the output quality due to its sensitivity to the
processing conditions. The product quality mainly depends on not only the temperature
distribution in the radial and axial direction but also the compression ratio during the semi-
dieless bellows process. A finite element model clarified that a variety of temperatures
produced by unstable heating or cooling will promote an unstable bellows formation.
An adjustment to the compression speed is adequate to compensate for the effect of the
variety of temperatures in the bellows formation. Therefore, it is necessary to apply a
real-time process for this process to obtain accurate and precise bellows. In this paper, they
proposed a vision-based fuzzy control to control bellows formation. Since semi-dieless
bellows forming is an unsteady and complex deformation process, the application of image
processing technology is suitable for sensing the process because of the possible wide
analysis area afforded by applying multi-sectional measuring. A vision sensing algorithm
was developed to monitor the bellows height from the captured images. An adaptive
fuzzy was verified to control bellows formation from 5 mm stainless steel tube in a bellows
profile up to 7 mm bellows height and a processing speed up to 0.66 mm/s. Appropriate
compression speed paths guide the bellows formation following deformation references.
The results show that the bellows shape accuracy between the target and experiment
increase becomes 99.5% under the given processing ranges.

The warm tube hydroforming (WTHF) process of lightweight materials such as mag-
nesium alloy contributes to a remarkable weight reduction. The success of the WTHF
process strongly depends on the loading path with internal pressure and axial feeding and
other process variables including temperature distribution. Optimization of these process
parameters in this special forming technique is an important issue to be resolved. Mor-
ishima and Manabe [3] used finite element analysis combined with a fuzzy control model
to carry out the optimization of symmetrical temperature distributions and process loading
paths for the warm T-shape forming of magnesium alloy AZ31B tube. The results show
that a satisfactory good agreement of the wall thickness distribution of the samples formed
under the optimum loading path condition can be obtained between the finite element
analyses and the experimental results. Based on the validity of the finite element model, the
proposed optimization method was applied to other material (AZ61) and forming shape
(cross-shape), while the applicability was also discussed.

Nowadays, tube hydroforming technologies have been widely applied in automo-
tive and aerospace industries for manufacturing stronger and lighter products. However,
higher pressures and complicated loading paths are required in the manufacturing of com-
plex shape products. If the loading path or the relationship between the internal pressure
and axial feeding is not controlled appropriately, various defects such as bursting and
wrinkling, etc., would probably occur. Metal bellows have been widely applied in various
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industries, such as chemical plants, power systems, heat exchangers, automotive vehicle
parts, etc., for absorbing the irregular expansions of the pipes and damping vibration of the
circumference and mechanical movements. Conventional regular metal bellows with multi-
ple convolutions are usually manufactured by hydraulic bulging and die folding. However,
for irregular bellows, in which the outer diameter of the bellows is not much larger than
its inner diameter, the conventional manufacturing method combining hydraulic bulging
and die folding cannot be applied to this kind of irregular bellows. This kind of irregular
bellows can only be made by hydraulically bulging the tube into the desired shape under
an irregular closed die set. Hwang and Tsai [4] developed a tube hydroforming process
using a novel movable die design for decreasing the internal pressure to manufacture
irregular bellows with small corner radii and sharp angles. A finite element simulation
software “DEFORM 3D” was used to analyze the plastic deformation of the tube within the
die cavity using the proposed movable die design. Forming windows for sound products
using different feeding types were also investigated. Finally, tube hydroforming experi-
ments of irregular bellows were conducted and experimental thickness distributions of the
products compared with the simulation results to validate the analytical modeling with the
proposed movable die concept.

Recently, tube hydroforming processes sometimes incorporate piercing, flanging, or
joining processes to become hydro-piercing, hydroflanging, or hydro-joining, which are
more efficient compared with a single process and can reduce the total weight of the
final product. Hwang et al. [5] proposed a new hydro-flanging process combining hydro-
piercing and hydro-flanging to investigate the effects of punch shape and loading path in
hydro-flanging processes of aluminum alloy tubes. Three kinds of punch head shapes were
designed to explore the thickness distribution of the flanged tube and the fluid leakage
effects between the punch head and the flanged tube in the hydro-flanging process. A
finite element code DEFORM 3D was used to simulate the tube material deformation
behavior and to investigate the formability of the hydro-flanging processes of aluminum
alloy tubes. The effects of various forming parameters, such as punch shapes, internal
pressure, die hole diameter, etc., on the hydro-flanged tube thickness distributions were
discussed. Hydro-flanging experiments were also carried out. The die hole radius was
designed to make the maximum internal forming pressure needed smaller than 70 MPa, so
that a general hydraulic power unit could be used to implement the proposed hole flanging
experiments. The flanged thickness distributions were compared with simulation results
to verify the validity of the proposed models and the designed punch head shapes.

Climate targets set by the EU, including the reduction of CO2, are leading to the
increased use of lightweight materials for mass production such as press hardening steels.
Besides sheet metal forming for high-strength components, tubular or profile forming (hot
metal gas forming—HMGF) allows for designs that are more complex in combination with
a lower weight. Bach et al. [6] used the functionality of the tools and the heating strategy
for the curved component as well as the measurement technology to investigate the heat
distribution in the component during hot metal gas forming. This paper particularly
examined the application of conductive heating of the component for the combined press
hardening process. The previous finite-element-method (FEM)-supported design of an
industry-oriented, curved component geometry allowed the development of forming tools
and process peripherals with a high degree of reliability. This work comprised a description
regarding the functionality of the tools and the heating strategy for the curved component
as well as the measurement technology used to investigate the heat distribution in the
component during the conduction process. Subsequently, forming tests were carried out,
material characterization was performed by hardness measurements in relevant areas of
the component, and the FEM simulation was validated by comparing the tube thickness
distributions to the experimental values.

During tube forming, tube materials are subjected to complex and severe deformation
and, thus, some forming defects such as cracking and buckling often occur. To avoid such
forming defects, the formability of the tube materials should be evaluated appropriately.
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Yoshimura et al. [7] proposed a local one-sided rubber bulging method of metal tubes to
evaluate various strain paths at an aimed portion and measured the forming limit strains
of metal tubes at the place of the occurrence of necking under biaxial deformation. Using
this method, since rubber was used to give pressure from the inner side of the tube, no
sealing mechanisms were necessary unlike during hydraulic pressure bulging. An opening
was prepared in front of the die to locally bulge a tube at only the evaluation portion.
To change the restriction conditions of the bulged region for biaxial deformation at the
opening, a round or square cutout, or a slit was introduced. The test was conducted using
a universal compression test machine and simple dies rather than a dedicated machine.
On considering the experimental results, it was confirmed that the strain path was varied
by changing the position and size of the slits and cutouts. Using either a cutout or a slit,
the strain path in the side of the metal tubes can be either equi-biaxial tension or simple
tension, respectively.

Tube hydroforming of overlapping blanks is a forming process where overlapping
tubular blanks instead of regular tubes are used to enhance the forming limits and improve
the thickness distributions. A distinguishing characteristic of hydroforming of overlapping
blanks is that the tube material can flow along the circumferential direction easily. Han and
Feng [8] investigated circumferential material flow using overlapping blanks with axial
constraints in tube hydroforming of a variable-diameter part. AISI 304 stainless steel blanks
were selected for numerical simulation and experimental research. The circumferential
material flow distribution was obtained from the profile at the edge of the overlap. The
peak value was located at the middle of the cross-section. In addition, the circumferential
material flow could also be reflected in the variation of the overlap angle. The variation
of the overlap angle kept increasing as the initial overlap angle increased. There was an
optimal initial overlap angle to minimize the thinning ratio.

Alexandrov et al. [9] proposed a simple analytical solution for describing the expansion
of a two-layer tube under plane-strain conditions. Each layer’s constitutive equations
consist of an arbitrary pressure-independent yield criterion, its associated plastic flow rule,
and an arbitrary hardening law. The elastic portion of strain was neglected. The method
of solution was based on two transformations of space variables. First, a Lagrangian
coordinate was introduced instead of the Eulerian radial coordinate. Then, the Lagrangian
coordinate was replaced with the equivalent strain. The solution reduced to ordinary
integrals that, in general, should be evaluated numerically. However, for two hardening
laws of practical importance, these integrals were expressed in terms of special functions.
Three geometric parameters for the initial configuration, a constitutive parameter, and
two arbitrary functions classified the boundary value problems. The illustrative example
demonstrated the effect of the outer layer’s thickness on the pressure applied to the inner
radius of the tube.

2.2. Tube Forming Processes

Kajikawa et al. [10] proposed a tube expansion drawing method to effectively produce
a thin-wall and large-diameter tube. In the proposed method, the tube end is flared by
pushing a plug into the tube, and the tube is then expanded by drawing the plug in the axial
direction while the flared end is chucked. The forming characteristics and effectiveness
of the proposed method were investigated through a series of finite element analyses
and experiments. The finite element simulation results show that the expansion drawing
effectively reduced the tube thickness with a smaller axial load when compared with the
conventional method. According to the experimental results, the thin-walled tube was
produced successfully by the expansion drawing. The maximum thickness reduction ratios
for a carbon steel (STKM13C) and an aluminum alloy (AA1070) were 0.15 and 0.29 when
the maximum expansion ratios were 0.23 and 0.31, respectively. The above results suggest
that the proposed expansion drawing method is effective for producing thin-walled tubes.

Tubes with variable diameters in the axial direction are in demand but it is costly to
manufacture them. For instance, changing the tube diameter is achieved by connecting
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different diameter tubes using joints. It takes time and effort to connect, and in some cases,
the connection often causes low airtightness. Therefore, the demand for different diameter
continuous tubes (DDC tubes) and the process for DDC tubes without joining processes is
high. Hirama et al. [11] proposed a new ball spin forming equipment, which can form a
reduced diameter section on the halfway point of a tube. The effects of forming process
parameters on the surface integrity and deformation characteristics of the product were
investigated. The proposed method can reduce the diameter in the middle portion of the
tube, and the maximum diameter reduction ratio was over 10% in one pass. When the feed
pitch of the ball die was more than 2.0 mm/rev, spiral marks remained on the surface of
the tube. Torsional deformation, axial elongation, and an increase in thickness appeared
in the tube during the forming process. All of them were affected by the feed pitch and
feed direction of the ball die, while they were not affected by the rotation speed of the
tube. When the tube was pressed perpendicularly to the axis without axial feed, a diameter
reduction ratio of 21.1% was achieved without defects using a ball diameter of 15.9 mm.
The polygonization of the tube was suppressed by reducing the pushing pitch. The ball
spin forming has a big advantage in flexible diameter reduction processing on the halfway
point of the tube for producing different diameter tubes.

Arai and Gondo [12] proposed a method of forming a tube into an oblique/curved
shape by synchronous multipass spinning, in which the roller moves back and forth along
the workpiece in the axial direction to gradually deform a blank tube into a target shape.
The target oblique/curved shape is expressed as a series of inclined circular cross sections.
The contact position of the roller and the workpiece is calculated from the inclination angle,
center coordinates, and diameter of the cross sections, considering the geometrical shape
of the roller. The blank shape and the target shape are interpolated along normalized tool
paths to generate the numerical control command of the roller. Aluminum tubes were
formed experimentally into curved shapes with various radii of curvature, and the forming
accuracy, thickness distributions, and strain distributions were examined.

Nakajima et al. [13] investigated the deformation properties and suppression charac-
teristics of an ultra-thin-walled rectangular tube in rotary draw bending with a laminated
mandrel. Aluminum alloy rectangular tubes with a height of 20 mm, width of 10 mm, and
wall thickness of 0.5 mm were used. The deformation properties after rotary draw bending
were investigated. The results show that deformation in the height direction of the tube
was suppressed on applying the laminated mandrel, whereas a pear-shaped deformation
peculiar to the ultra-thin wall tube occurred. Because axial tensions and lateral constraints
were applied and the widthwise clearance of the mandrel was adjusted appropriately, the
pear-shaped deformation was suppressed and a more accurate cross-section was obtained.

Recently, improvement of hybrid and electric vehicle technologies, equipped with
batteries, continues to contribute to solving energy and environmental problems. Lighter
weight and crash safety are required in these vehicle bodies. In order to meet these
requirements, three-dimensional hot bending and direct quench (3DQ) technology, which
enables hollow tubular automotive parts to be formed with a tensile strength of 1470 MPa
or over, has been developed. Tomizawa et al. [14] investigated the crash characteristics of
partially quenched curved products by three-dimensional hot bending and direct quench.
The main results are as follows: (1) for partially quenched straight products in the axial
crash test, buckling that occurs at the non-quenched portion could be controlled; (2) for the
nonquenched conventional and overall-quenched curved products, buckling occurred at
the bent portion at the initial stage in axial crash tests, and its energy absorption was low;
(3) by partially optimizing quench conditions, buckling occurrence could be controlled; and
(4) in this study, the largest energy absorption was obtained from the partially quenched
curved product, which was 84.6% larger than the energy absorption of the conventional
nonquenched bent product in the crash test.
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2.3. Sheet Forming Processes

Hong et al. [15] developed a pneumatic experimental apparatus to evaluate the strain
rate sensitive forming limits of 7075 aluminum alloy sheets under biaxial stretching modes
at elevated temperature. For optimization of the die shape design, the ratio of minor to
major die radius (k) and profile radius (R) were parametrically studied. The final shape
of the die was determined by whether the history of the targeted deformation mode was
well maintained and if the fracture was induced at the pole (specimen center), to prevent
unexpected failure at other locations. As a result, a circular die with k = 1.0 and an elliptic
die with k = 0.25 were selected for the balanced biaxial mode and near plane strain mode,
respectively. Lastly, the pressure inducing fracture at the targeted strain rate was studied as
the process design. An analytical model previously developed to maintain the optimized
strain rate was modified for this designed model. The results of the integrated design
were compared with the experimental results. The shape and thickness distributions of
numerical simulation results show good agreement with those of the experiments.

Friction at the interface between sheet and dies is an important factor influencing the
formability of strip or sheet forming. Hwang and Chen [16] investigated the frictional
behaviors of sheets at variant speeds using a self-developed sheet friction reversible test
machine. This friction test machine, stretching a strip around a cylindrical friction wheel,
was used to investigate the effects of various parameters, including sliding speeds, contact
angles, strip materials, and lubrication conditions on friction coefficients at the sheet–die
interface. The friction coefficients at the sheet–die interface were calculated from the
drawing forces at the sheet on both ends and the contact angle between the sheet and die.
A series of friction tests using carbon steel, aluminum alloy, and brass sheets as the test
piece were conducted. From the friction test results, it became known that the friction
coefficients could be reduced greatly with lubricants on the friction wheel surface while the
friction coefficients were influenced by the sheet roughness, contact area, relative speeds
between the sheet and die, etc. The friction coefficients obtained under various friction
conditions can be applied to servo deep drawing or servo draw-bending processes with
variant speeds and directions.

3. Conclusions

This Special Issue and Book “Latest Hydroforming Technology of Metallic Tubes and
Sheets” includes 16 papers, which cover the state of the art of forming technologies in the
relevant topics in the field. The technologies and methodologies presented in these papers
will be very helpful for scientists, engineers, and technicians in product development or
forming technology innovation related to tube hydroforming processes.
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Abstract: The warm tube hydroforming (WTHF) process of lightweight materials such as magne-

sium alloy contributes to a remarkable weight reduction. The success of the WTHF process strongly

depends on the loading path with internal pressure and axial feeding and other process variables

including temperature distribution. Optimization of these process parameters in this special forming

technique is a great issue to be resolved. In this study, the optimization of the symmetrical tempera-

ture distribution and process loading path for the warm T-shape forming of magnesium alloy AZ31B

tube was carried out by finite element (FE) analysis using a fuzzy model. As a result, a satisfactory

good agreement of the wall thickness distribution of the samples formed under the optimum loading

path condition can be obtained between the FE analysis result and the experimental result. Based on

the validity validation of FE analysis model, the optimization method was applied to other materials

and forming shapes, and applicability was discussed.

Keywords: magnesium alloy tube; warm hydroforming; non-uniform temperature field; protrusion

type forming; wall thickness distribution; coupled thermal-structural analysis; optimization

1. Introduction

In recent years, the world has begun to move toward carbon neutrality as one of the
solutions to prevent global warming. In response to the trend, along with the acceleration
toward electric vehicles, the weight of the entire vehicle including the vehicle body is being
further reduced. Tube hydroforming (THF), which uses a tubular material with a hollow
cross section for high rigidity, is considered to be promising for reducing the weight of
vehicles, in addition to material replacement with lightweight materials and high-strength
materials, and is actually applied in the automotive industry.

Aluminum, magnesium, and fiber-reinforced polymers have been taken up as typical
lightweight materials. Among these, magnesium is the lightest of all practical metals and
is attracting attention as one of the important metals for realizing a low-carbon society due
to its unique physical and mechanical properties. However, magnesium alloys have been
treated as one of the hard-to-form metals at room temperature. So far, several metal forming
processes for magnesium alloys using a heat-assisted approach have been introduced in
order to enhance the formability and reduce the environmental load.

Most of the research on forming processes for magnesium alloy tubes has been con-
ducted using heat-assisted processing since the mid-2000s, and started with hot spin
forming. Yoshihara et al. [1] examined the dome-shape forming characteristics of the tube
end while locally heating the formed part with a gas burner for hot spin forming of an
AZ31 tube, and Murata et al. [2] investigated the compression spinning process of an AZ31
tube using the heated roller. For the high temperature bulge forming, Okamoto et al. [3]
succeeded in warm T-shape forming of an AZ31B tube at 400 ◦C using nitrogen gas.
Manabe et al. [4,5] performed T-shape forming (WTHF) at 250 ◦C using silicone oil as a
pressure medium for AZ31 tube and compared the forming characteristics by experiment
and FE analysis. Hwang and Wang [6] have succeeded in a Y-shape forming experiment
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of AZ61 tube at 250 ◦C, and it was shown that Y molding can be performed even at
150 ◦C. He et al. [7] investigated and evaluated the formability in a basic formability test
of the AZ31B tube at high temperature. For the drawing process of magnesium alloy
tube, Furushima et al. developed a high-frequency induction heating device system to
locally heat and cool the AZ31 tube, and it was examined to improve the processing time
of dieless drawing and the drawability [8,9]. An in vitro corrosion test [10] of the dieless
drawn tube of AZ31B and the dieless drawing process by a laser heating device [11] were
also performed.

Other heat-assisted processing technologies applied to hard-to-form metals other
than magnesium alloy tubes include warm and hot hydroforming [12,13] for aluminum
alloy tubes. Hot gas bulge forming was performed on aluminum alloy tubes [14,15] and
high-strength steel tubes [16,17] using a direct resistance heating technique. In addition,
profile forming [18], utilizing a bulge deformation under axial compression by local heating
using a high-frequency induction device for a double-layer metal tube was performed. As
a new heat-assisted forming technology, a novel dieless bellows forming that continuously
creates a convolution at the heating portion with a difference in axial feeding speed on both
tube sides while locally heating with a high-frequency induction device was developed
for the stainless steel SUS304 tubes [19,20]. Additionally, the dieless bending process of
tubes [21] is a typical heat-assisted processing technology that applies the local heating
and cooling technique, and it has been introduced into practical use since the latter half of
the 1960s and is the most widely used processing technology in the industry. Recently, a
three-dimensional hot bending and direct quench (3DQ) technology [22] was developed as
the latest technology that can be applied to high-strength steel tubes of 1470 MPa class or
higher, based on basically a push bending process with a local heating and cooling system
using a high-frequency induction device.

The various forming processes described above are classified in the heat-assisted
forming technology from the viewpoints of “steady deformation”, “unsteady deformation”,
“continuous/sequential processes”, “intermittent process”, and “dieless process” without
die for forming objects. The above-mentioned dieless drawing, dieless bellows forming,
and dieless bending process belong to sequential/continuous deformation process at the
local heating portion, respectively.

The heat-assisted forming technology is classified according to whether or not the
heating temperature is uniform over the entire forming portion. If the temperature field
is uniform, the main difference in the forming characteristics is only the variation in the
physical characteristics of the material.

Meanwhile, in the case of the non-uniform temperature field, there are two types of
non-uniform temperature fields. (1) The first is the case where the temperature distribution
is formed on the coordinates fixed on the metal blank, and (2) the second is the case
where the temperature distribution is formed on the coordinates fixed on the space such as
tooling. In sheet metal forming, the former (1) is used in stretch forming and bending, and
in the latter (2), the local heating/cooling deep drawing method has been performed since
the 1950s.

However, so far, there are very few studies on WTHF for non-uniform temperature
fields. The above-mentioned study on the non-uniform temperature field in (1) was
reported by Liu et al. [23]. This is an investigation on a warm axisymmetric bulge forming
process with die in the non-uniform temperature field. The effectiveness of the non-uniform
temperature distribution was confirmed for the AZ31 tube.

On the other hand, the branch protrusion type THF is an asymmetric deformation
process and shows more complicated deformation behavior than the axisymmetric bulge
forming. It is a similar deformation mode as the deep drawing process in sheet metal
forming. Thus, it can be said that the branch protrusion type THF in this non-uniform
temperature field has the same forming principle as the local heating/cooling deep draw-
ing method.
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The main deformation domain reduces drawing resistance by heating and softening,
while the other load-carrying domain is cooled to prevent failure defects including fracture,
improving the forming limit and the quality and accuracy of the product. More importantly,
the blank material flows through the heating and cooling domains.

Yoshihara et al. [24] adopted the local heating/cooling deep drawing method to
improve the deep drawability of AZ31 sheet and achieved a large drawing limit of LDR > 5.

In general, for the warm T-shape THF in the uniform temperature field [4,5], the wall
thickness of the blank tube is locally thickened at the place of contact with an axial feeding
punch and the bottom on the opposite of protruded branch part. To make the wall thickness
distribution of the formed product uniform at the same time, instead of processing under a
uniform temperature field, the forming temperature should be kept low at the part where
deformation should be suppressed, wall thickness should be suppressed, and the material
flow at the other part should be promoted.

Manabe et al. [25,26] investigated the effect of enhancing the hydroforming limit and
improving the wall thickness distribution under a non-uniform temperature field by locally
heating/cooling warm T-shape forming of an AZ31 magnesium alloy. However, even for
the non-uniform temperature field in the previous report [25,26], the above technological
issues were not solved enough yet and remain.

The objective of this study is to elucidate the optimum temperature distribution for
further improving the formability and wall thickness distribution uniform of magnesium
alloy tubes with low hydroformability at room temperature. Therefore, focusing on the
non-uniform temperature field in WTHF process, the effect of the temperature distribution
in the tooling on the wall thickness distribution of the formed sample is investigated in
detail, and the optimum non-uniform temperature field and the optimum loading path
for different magnesium materials (AZ31B and AZ61) and forming shapes (T-shape and
cross-shape) are examined.

2. Experiments

2.1. Materials

The tubes used in this study were made of AZ31B and AZ61 magnesium alloy with
an outer diameter of 42.7 mm and a wall thickness of 1.0 mm, and the test piece for the
hydroforming test was 200 mm in length. Table 1 shows the chemical composition of these
magnesium alloy tubes. A uniaxial tensile test was carried out using an arc-shaped test
piece made by cutting out the tubular material in the longitudinal direction. The tensile
test piece used was half the size of JIS 13B. In the tensile test, the test temperature was
20 ◦C, 100 ◦C, 150 ◦C, 200 ◦C, 250 ◦C, and 300 ◦C under 6 conditions, and the tensile speed
was 1.5 mm/min, 15 mm/min, and 150 mm/min under 3 conditions (initial strain rate
was 0.001 s−1, 0.01 s−1, and 0.1 s−1, respectively). Figure 1 shows the typical stress-strain
curves at different temperatures and tensile speeds for AZ31B and AZ61. From these
results, the elongation of both materials increases as the temperature rises, and the tensile
strength decreases. In addition, although the strain rate dependence is slightly observed
as the temperature rises from room temperature, no significant strain rate dependence is
observed in the test range, and the temperature dependence is large. Comparing AZ31B
and AZ61, AZ61 has a slightly higher strength (deformation resistance) up to about 150 ◦C,
and there is no big difference in elongation.

Table 1. Chemical composition of AZ31B and AZ61 magnesium alloy tubes (mass %).

Material Al Zn Mn Si Fe Cu Ni Ca Mg

AZ31B 3.28 0.75 0.32 0.010 0.002 0.001 0.001 0.001 Bal.
AZ61 5.5–6.5 0.5–1.5 0.15–0.4 ≦0.1 ≦0.005 ≦0.05 ≦0.005 - Bal.
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− − −
Figure 1. Stress-strain curves of AZ31 and AZ61 at different temperatures and initial strain rates. (a) AZ31B initial strain
rate: 0.001 s−1; (b) AZ31B, 0.1 s−1; (c) AZ61, 0.01 s−1.

2.2. Experimental Setup and Procedure

Figures 2 and 3 show the schematic illustration of the T-shape forming tooling used
in this study and the configuration of the hydraulic circuit and the closed loop control
system for the T-shape WTHF process, respectively [2–4]. To conduct this experimental
work, a new T-shape warm forming machine with a local heating/cooling apparatus for
the die was developed. This machine is an improved version of the previously developed
equipment [3,4], and it enables controlling the temperature distribution of the die as well.
In this testing machine, each cylinder and pressure booster is operated by a command
from a computer, and closed-loop control can be performed by sending the measured
values of the axial punch displacement and internal pressure from moment to moment to
the computer.

≦ ≦ ≦ ≦

− − −

 

Figure 2. Outline of the tooling for T-shape forming (Unit: mm).
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Figure 3. Configuration of a hydraulic circuit and its closed loop control system in WTHF.
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Figure 4 shows the appearance of the heating and cooling device. For heating and
cooling the die, six through holes are opened for inserting cartridge heaters into the upper
and lower dies, and heating for uniform temperature field (Figure 4a) can be performed
with a total of 12 cartridge heaters with maximum total output of 11 kW. The forming die
was fully covered with the insulator boards.

   

(a) (b) (c) 
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Figure 4. Heating and cooling system for the warm T-shape die. (a) For uniform warm temperature field, the entire
circumference of the die is surrounded by heat insulator material; (b) for non-uniform temperature field; (c) cooling device
with spray nozzle.

As the cooling method, we adopted a method of passing compressed air through the
four through holes at the upper and lower ends of the heater and a method of cooling
by using the heat of vaporization of water mist (Figure 4b). In the case of the water
mist cooling, compressed air of about 70 kPa was provided through a larger pipe from a
compressor, and a small amount of water was flowed from a tip of a smaller pipe to spray
it into a mist for cooling the die (Figure 4c). In addition, there were six other holes on the
side of the die for temperature measurement (Figure 4b). A sheath-type K thermocouple
was inserted into each hole, and they measured a variation in the temperature distribution
during the forming process.

To create a non-uniform temperature field, after heating to 270 ◦C with all 12 heaters,
only the total of eight heaters in the middle continued to be heated, and in the meantime,
the cooling devices were attached to the four holes at both ends of the die. After about
30 min, the temperature field became stable. Since the die temperature uniformly shifted
down about around 15 ◦C during the total forming time of about 5 min, the forming
experiment started when the temperature at the center reached at around 260 ◦C to realize
the set temperature distribution in the middle of forming process.

The temperature of upper and lower dies was controlled independently using tem-
perature controllers. To confirm uniform temperature distribution over the tubular blank,
thermocouples with 0.1 mm diameter are fixed into a groove made on the tube.

Figure 5 shows the typical temperature distributions of the die for T-shape forming
realized by using a local heating and cooling system.
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Figure 5. Temperature distributions used in WTHF experiment.

13



Metals 2021, 11, 901

The pressure medium was methylphenyl silicone liquid KF-54 (Shin-Etsu Chemi-
cal Co., Ltd., Tokyo, Japan), and a dry fluorine lubricant (spray type) was used for the
lubrication between the tube and the die.

3. Finite Element Modeling

Finite element (FE) analysis is performed by a thermal-structural coupled dynamic
explicit FE commercial code, LS-DYNA ver. 971. (Ansys Inc., Canonsburg, PA, USA).
Using a quarter-symmetrical model for T-shape and a one-eighth model for the cross-
shape, the tubular blank was divided into two in the wall thickness direction, 60 in the
circumferential direction, and 100 in the axial direction. Figure 6 shows the FE model
for warm T-shape hydroforming. The material properties obtained from the tensile test
in Section 2.1 were employed in the FE analysis. Other input values are the density
ρ = 1.78 g/cm3, Poisson’s ratio ν = 0.35, linear expansion coefficient α = 26.5 × 10−6/K,
and specific heat c = 1.05 kJ/kgK.
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Figure 6. FE model for warm T-shape hydroforming.

In the material model considering the temperature dependence, the equivalent stress-
equivalent plastic strain relationship was defined by inputting the deformation resistance
curve for each temperature, and at the intermediate temperature, the deformation resistance
was determined by interpolating each curve. In general, magnesium alloy has a strain
rate dependence in the high temperature range. The processing time of this forming
experiment, however, was 5 min, and the forming process was performed slowly. In the
previously reported FE analysis [2], it was possible to sufficiently predict the detail forming
characteristics in the same T-shape forming experiment with a material model that does
not consider the strain-rate dependence. Moreover, from the material test results shown
in Section 2.2 above, no large strain-rate dependence was observed when the forming
temperature conditions and processing time were taken into consideration. Furthermore,
under the non-uniform temperature field of 250 ◦C or less in this study, the region of the
formed part where the strain-rate dependence appears changes with time, the temperature
conditions there were also different, and the strain-rate dependence was considered to
become small. Therefore, we used a material model that did not consider the strain-rate
dependence in this study.

The coefficient of friction between the tool and the blank was static friction coefficient
µs = 0.02, the kinetic friction coefficient was µd = 0.01, and the heat transfer coefficient was
1400 W/m2K.

4. Results and Discussion

4.1. Process Window in Proportional Loading Path under Uniform Temperature Field and
Validation of the FE Modeling

In order to clarify the process window in warm T-shape forming of AZ31B magnesium
alloy and the FE modeling validation, WTHF experiments and FE analysis were performed
in a proportional loading path under a uniform temperature field. Figure 7 shows the
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process window for T-shape forming for AZ31B under 250 ◦C obtained by the experiment
and FE analysis. The onset point of “bursting” in the FE analysis was determined as
when the wall thickness reduction began to increase rapidly without using any fracture
criterion, or when the analysis was stopped. On the other hand, the occurrence of buckling
was visually evaluated by visually displaying the deformed shape of the blank tube
using the graphic processing of the post processor. It is confirmed that the bursting is
predominant under higher internal pressure loading, the buckling is dominant when the
axial penetration is predominant, and the successful region between both becomes narrow
as the process proceeds.
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Figure 7. Process window and forming limits of T-shape forming for AZ31B tube in a proportional
loading under 250 ◦C. The 1©, 2©, 3©, and 4© in the figure indicate different loading paths (experiment).

Figure 8 shows the comparisons of final bulged heights and their shapes at the forming
limit between experimental results and FE simulation results in Figure 7. The failure modes
in Figure 8a,b are both bursting, as shown in Figure 7, and their formed shapes and
bulged heights are in good agreement. Figure 8c,d show different buckling modes, both of
which are in good agreement with the experimental and FE analysis results in a uniform
temperature field at 250 ◦C. The results confirmed the validity of this FE model and
demonstrated the importance of loading path design using FE analysis.

At the same time, it was confirmed that the loading path has a strong influence on the
forming limit. When investigating the effects of temperature fields, the need to determine
the appropriate loading paths to avoid bursting and buckling can be understood.

4.2. Effects of Temperature Distribution on Wall Thickness Distribution in Proportional Loading
Path under Non-Uniform Temperature Field

The effectiveness of non-uniform temperature distribution for the uniform wall thick-
ness of formed products in the warm T-shape forming process for the AZ31B magnesium
alloy tube was reported by a comparison of the FE analysis result by a material model
obeying a linear hardening law [4]. In this section, aiming for a more accurate analysis, the
effect of the temperature distribution on the wall thickness distribution of formed products
is examined by FEM analysis based on the strain hardening characteristics of the material
obtained in the tensile test, as described in the previous chapter.
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(a) (b) 

  
(c) (d) 

① ② ③ ④Figure 8. Comparisons of final bulged shape between experimental and simulated results at T-shape forming limit for
AZ31B tube in a proportional loading under 250 ◦C. (a) Path 1© in Figure 7; (b) Path 2©; (c) Path 3©; (d) Path 4©.

Figure 9 shows the outline of temperature distributions for the die applied for that
purpose, one is a uniform temperature field of 250 ◦C and another is a non-uniform
temperature distribution of 250 ◦C to 150 ◦C in Figure 5. Figure 10 shows the comparison
of experiments and FE analysis results on the wall thickness distribution along the bulged
branch side and the bottom side in the T-shape forming under the two different temperature
fields shown in Figure 9. Firstly, Figure 10a shows the wall thickness distributions along
the bulging branch side of the T-shaped product. The FE analysis results in a uniform
temperature field (red solid line) of 250 ◦C are quantitatively very consistent with the
experimental results (red dotted line) except for the seal portions at both ends of the blank
tube. As shown in the FE model of Figure 6 above, the shape of the axial punch used
in the experiment is stepped to insert into the tube end and seal the internal pressure
applied. Therefore, at the ends of the tube where the punch inserts, the deformation shape
is constrained. In the non-uniform temperature field (blue line), since this part is a low
temperature part at 150 ◦C, the deformation resistance is larger and the deformation is
suppressed and smaller, and it is considered that this region is deformed in the same way
as the FE analysis result. On the other hand, in a uniform warm temperature field (red line),
both tube-end portions are also easily deformed, so it is considered that a local irregular
large deformation occurred near the stepped portion where the punch is inserted. On
the other hand, on the bottom side shown in Figure 10b, the experiment and FE analysis
results show qualitatively good agreement in a uniform temperature field of 250 ◦C (red
line). In the non-uniform field, both show a good quantitative agreement except for the
central part. The T-shape forming process is an asymmetric deformation that shows a
complicated deformation behavior and is a difficult deformation target as compared with
an axisymmetric bulge deformation. Due to the asymmetry, the tube material also can flow
significantly in the circumferential direction even at the bottom, as shown in Figure 10b
during the forming process, and the other parts also flow in the circumferential direction
accordingly. The difference between the analysis of the wall thickness distribution in
Figure 10b and the experiment is considered to be due to this difference in material flow
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in the circumferential direction. There are various possible reasons for this difference,
such as processing conditions and material-side factors, but the major problem is that the
stress-strain relationship in the large strain range has not been experimentally obtained
for the material properties. Additionally, in the result of this experiment in Figure 10b,
the wall thickness strain in the central part reached about 1.0 in true strain. However,
its relationship over a large strain range cannot currently be determined by material
testing, and it is presumed that extrapolation to this large strain range is also one of the
major reasons.

  

(a) (b) 

Figure 9. Temperature distribution conditions in warm T-shape forming process for AZ31B. (a) Uniform temperature field
at 250 ◦C; (b) Non-uniform temperature field.

  

(a) (b) 

Figure 10. Comparison of wall thickness distribution between uniform temperature and non-uniform temperature fields.
(a) Bulged side; (b) bottom side. Solid line: FE analysis result; dashed line: experimental result; red color: 250 ◦C; blue color:
non-uniform temperature.

Consequently, the FE analysis is in good agreement with the experimental results.
From this, it can be said that the analysis accuracy is improved by approximating the mate-
rial model to multiple points according to the actual work hardening characteristics. The
validity of this FE model for the evaluation of the wall thickness distribution is confirmed.

4.3. Determination and Its Validation of Optimum Loading Path for Improving Formability and
Bulged Shape in Warm T-shape Forming Process under Uniform Temperature Field

In THF, the loading path has a great influence on hydro-formability, forming shape,
wall thickness distribution, and so on. In the actual forming process, so far the optimum
loading path of the internal pressure and axial feeding is empirically determined. In
our previous study [27], the optimum loading path using a fuzzy model was predicted
and confirmed. Here, firstly the optimum loading path for improving bulged shape and
bulged height is investigated, and the obtained loading path is used to clarify the optimum
temperature conditions for the non-uniform temperature field.
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The final internal pressure pf in the T-shape forming process is given from the follow-
ing empirical formula [28].

Pf =k
2t0σy

D0
(1)

Here, t0 is the wall thickness, σy is the yield stress, D0 is the outer diameter of the
bulging part, k is the experimental constant, and 4.7 is used for T-shape forming. By
substituting the dimensions and material properties of the magnesium alloy tube at 250 ◦C
into the above equation, pf = 10 MPa was determined.

The axial penetration and the counter punch displacements during the forming pro-
cess were determined every moment by the same fuzzy inference model in the previous
report [27]. Basically, the following typical evaluation functions were employed for evalu-
ating the wavy buckling and the contact length with the counter punch with increasing the
internal pressure during the process.

Figure 11 shows the evaluation functions used in the fuzzy inference model for T-shape
forming. Figure 11a shows an evaluation function Φ defined as an index for evaluating the
risk of wavy buckling in order to suppress the occurrence of the buckling deformation near
the die inlet shoulder part during free bulge deformation at the initial forming stage. Rmax

on the right side of the equation of the evaluation function Φ in the figure is the maximum
bulged height near the die inlet shoulder part, and Rmin is the minimum bulged height
near there.

0

02

σ

Φ

Φ

 

 

 

(a) (b) 

Φ
Ψ

Figure 11. Evaluation functions for T-shape forming. (a) Evaluation function Φ for the risk of wavy buckling; (b) Evaluation
function Ψ for the contact length with counter punch. Rmax: maximum bulged height (radius) near the die inlet shoulder
part; Rmin: minimum bulged height (radius) near there; Cl: contact length with a counter punch; Cref: assumed reference
contact length. A red rectangle indicates a maximum bulged part region near the die inlet.

Since the decrease in wall thickness of the bulged part can be suppressed by aggres-
sively feeding the axial punch from the contact of the material with the counter punch to
the latter stage of the forming process, the evaluation function Ψ of the contact length with
the counter punch is defined as an index for evaluating the risk of the forming failure.

Cl on the right side of the equation of the evaluation function Ψ in Figure 11b is the
contact length with counter punch, and Cref is the assumed reference contact length in
which the contact length with counter punch increases in proportion to the bulge height.

Input and output variables for fuzzy rules were fuzzified so that the input variables
Φ, Φ’ (differential value of Φ), and Ψ, Ψ’ (differential value of Ψ) are “Small” and “Large”,
and the output variables were ruled for the axial punch displacement increment ∆APS and
the counter punch displacement increment ∆CPS.

As an example of the membership functions that determines the output variables,
Figure 12 shows the membership functions for the evaluation function Φ that represents
the risk of wavy buckling at the initial stage of forming process. The input and output
membership functions (∆APS and ∆CPS) at the main forming stage are similarly ruled.
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Figure 12. Membership functions for the early stage. (a) Input membership function for Φ; (b) output membership function
for axial penetration increment ∆APS.

Fuzzy inference was performed based on the membership functions for each forming
stage, and the output value for each forming stage by defuzzification was determined by
the centroid method.

The two output variables, ∆APS and ∆CPS, are sequentially determined during the
process to maintain an appropriate contact state.

Figure 13 shows a comparison between the loading path at 250 ◦C assumed from
the authors’ past experience and the loading path obtained by the fuzzy inference model.
From the comparison of the two, the p of the fuzzy inference result in the loading path is
larger than the p of the assumed path after the point A. As a result, in the ∆H-∆L curve for
the counter punch, the fuzzy inference model early reaches the maximum setting bulge
height of ∆H = 30 mm (point B). Therefore, in the assumed loading path, an axial feeding
displacement of ∆L = about 50 mm was required to obtain the final shape, but in the loading
path obtained by the fuzzy inference model, the final shape can be obtained by feeding the
axial punch to ∆L = about 45 mm (point C). It can be said that efficient forming process can
be performed by deriving the loading path using a fuzzy model system.
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Figure 13. Comparison of loading path between the manual set from experience and the fuzzy
inference model (250 ◦C), p: internal pressure, ∆H: counterpunch displacement, ∆L: axial penetration.

A T-shape forming experiment was conducted to verify the validity. Figure 14 shows
a comparison of the final shape and dimensions with the FE analysis results. Quantitatively
good agreements are found on the shape, bulge height, and axial length, demonstrating
the effectiveness of the loading path determination by this system.
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Figure 14. Comparison between the final shape and dimensions of T-shape formed products. (a) Experiment; (b) FE analysis.

4.4. Optimum Temperature Distribution for Improving Wall Thicknes Distribution in Warm
T-Shape Forming Process Using the Optimum Loading Path under Non-Uniform
Temperature Field

Since the loading path affecting hydro-formability was optimized in the previous
section, the optimum temperature distribution under the no-uniform temperature field
will be examined in that loading path condition.

4.4.1. Effect of Temperature of Counter Punch on Thinning Behavior of the Bulged Part
under Non-Uniform Temperature Field

In the bulging part including a bulge head, wall thinning occurs due to the internal
pressure applied, but it is thought that this can be suppressed by cooling the counter punch
and increasing the deformation resistance. Figure 15 shows the effect of the temperature
TCP at the center of the counter punch on the wall thinning rate of the bulging part. It
can be seen that the wall thinning of the bulging part can be suppressed by reducing
TCP. However, since buckling/wrinkling in Figure 15b occurred near the die side and die
shoulder part at a temperature of 160 ◦C or less, it is considered that there is an appropriate
temperature range that suppresses wall thinning without causing forming defects, and TCP
in T-shape forming of AZ31B. It is suggested that the optimum temperature of the counter
punch is 170 ◦C.

 

 

 

(a) (b) 


1

21

 

Figure 15. Effect of counter punch temperature TCP on wall thickness reduction at the center of counter punch. (a) Effect of
TCP; (b) buckling occurred near the die shoulder.
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4.4.2. Effect of Temperature of Die Bottom on Wall Thickness Distribution under
Non-Uniform Temperature Field

In order to make the wall thickness distribution on the bulging side and its bottom side
uniform at the same time, the authors will consider the case of further cooling to the bottom
center. For the purpose, the temperature on the straight tube ends side is set to 150 ◦C,
and also the central part on the bottom side is locally cooled to provide a temperature
distribution to the central part of the die in the circumferential direction. In this case,
in order to quantitatively evaluate the uniformity of the wall thickness distribution and
determine the optimum temperature conditions, the root mean square of the bottom wall
thickness distribution in each Tbottom, tRMS, was calculated by the following formula,

tRMS =

√

√

√

√1/N
N

∑
i=1

ti
2 (2)

Figure 16 shows the effect of the bottom center temperature Tbottom on the uniformity
of the wall thickness distribution. In this figure, a comparison based on the tRMS is
performed. It can be seen that the uniformity of the wall thickness distribution is improved
by decreasing the Tbottom. On the other hand, the buckling shown in Figure 16b was
confirmed in the bulging part when the temperature of Tbottom was 120 ◦C or less, so it is
possible that there is an appropriate temperature condition for Tbottom to make the wall
thickness distribution uniform without causing forming defects. It is suggested that the
optimum temperature of Tbottom in T-shape forming of AZ31B is 130 ◦C. By the way, the
difference in the tRMS between the “250 uniform” and the Tbottom “250” in Figure 16 is
caused by the temperature distribution of the die. When Tbottom = 250 ◦C, there is still a
temperature distribution of the die in the axial direction of the tube, and the part where the
temperature on the tube end side remains low. Due to the influence of the non-uniform
temperature field, there is a difference in tRMS from the “250 uniform” for the uniform
temperature field.

 

(a) (b) 

Figure 16. Effect of Tbottom on RMS of wall thickness distribution along the bottom part. (a) The tRMS; (b) wrinkles occurred
at bulging head.

From the above results, by creating a complex non-uniform temperature field lowering
not only the die temperature in the direction of the tube axis but also to 130 ◦C to the
opposite bottom of the bulge branch, it is found that the wall thickness distribution of the
entire T-shaped product is further improved compared to under the uniform temperature
field. For the T-shape forming of AZ31B, the optimized temperature conditions for the
uniformity of the wall thickness of the formed product may be as shown in Figure 17.
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Figure 17. Optimum temperature conditions in T-shape forming for AZ31B magnesium alloy.

4.5. Wall Distribuntion in the Optimum Loading Path under Optimum Temperature Distribution

Figure 18 shows a comparison of the wall thickness distribution of the obtained
formed product between the results of the conventional manual loading path and the
optimum loading path. From these figures, it can be seen that a formed product having
a more uniform wall thickness distribution is obtained on both the bulging side and the
bottom side. It is shown that it is possible to determine appropriate processing conditions
for making the formed product uniform by performing the optimum process path in the
hydroforming of the T-shaped sample of the AZ31B magnesium alloy tube.

  

(a) (b) 

∆

∆ ∆
∆ ∆

∆ ∆

Figure 18. Comparison of wall thickness distribution between manual control and optimum process control (FE analysis).
(a) Bulge side; (b) bottom side.

4.6. Application of the Optimization Methods to AZ61 Alloy Tube and Cross-Shape Forming

Up to the previous section, the authors optimized the temperature distribution and
loading path in a non-uniform temperature field and demonstrated numerically the pos-
sibility of uniform wall thickness distribution and improvement of formed shape and
accuracy. Thereby, in this section, the authors will investigate and compare the case where
this method is applied to the AZ61 tube of higher strength magnesium alloy and the case
where it is applied to cross-shape forming as a forming shape other than T-shape forming.
For cross-shape forming, the forming shape is different from T-shape forming; a new
fuzzy model for cross-shape forming was created, and the various fuzzy parameters were
modified accordingly.

4.6.1. Optimum Loading Path for Different Materials and Formed Shapes

Figure 19 shows the comparison of optimum loading path for T-shape forming and
cross-shape forming of AZ31B and AZ61 at 250 ◦C. Figure 19a shows the effect of the
different strength between AZ31B and AZ61 on the optimum loading path in T-shape
forming. At the initial stage of the p-∆L curve, the axial punch is feeding at the same
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time, while the p is applied in order to suppress the thinning of the bulge apex during free
bulge deformation, and the p-∆L curve increases almost linearly. On the other hand, in
the ∆H-∆L curve for the counter punch, the punch keeps stopping at the initial position
of ∆ho = 10 mm until the blank tube contacts the counter punch. After that, the counter
punch starts to move behind the feeding of the axial punch. The counter punch moves
almost proportionally as the bulge deformation progresses and stops when it reaches the
set maximum bulge height (point B), and in that state, the axial punch feeding is further
progressing to the point C in order to attain more uniform wall thickness and improvement
of the die filling rate and the dimension accuracy of the product.

∆

∆ ∆
∆ ∆

 

 

 

  

(a) (b) (c) 

∆ ∆

Figure 19. Comparison of optimum loading path for T-shape forming and cross-shape forming of AZ31B and AZ61 at
250 ◦C. (a) T-shape forming; (b) cross-shape forming; (c) comparison between T-shape forming and cross-shape forming.
p: internal pressure, ∆H: counterpunch displacement, ∆L: axial penetration.

Regarding the effect of the material on the p-∆L curve, the strength of AZ61 is higher
than that of AZ31B, so the p at point A increases corresponding to the increase in strength.
The required p is high while being maintained even after the point A. On the other hand,
in the ∆H-∆L curve, the effect of the difference in material strength is that the position of
the axial punch at which the counter punch starts to move is slightly delayed in AZ61, and
then it is almost the same as in AZ31B.

Figure 19b shows the effect of the difference between AZ31B and AZ61 on the op-
timum loading path in cross-shape forming. The p-∆L curve of the cross-shape forming
is significantly different in shape from the T-shape forming in Figure 19a. For T-shape
forming, it is represented by two straight lines at point A, but for cross-shape forming,
the latter half forming region is dominant except for the initial stage of forming, and the
p increases in an upwardly convex quadratic curve. The effects of AZ31B and AZ61 on
this quadratic p-∆L curve are similar to those in Figure 19a at the early stage of the process.
In the dominant latter half, the effect of the strength difference expands as the forming
progresses. It can be seen that the high-strength AZ61 requires about 1.5 times higher
internal pressure. On the other hand, in cross-shape forming, the ∆H-∆L curve shows
almost no difference between AZ31B and AZ61.

By the way, the effects of T-shape forming and cross-forming on the p-∆L curves, which
have different forming shapes, can be clearly seen from the result of AZ61 in Figure 19c,
which expresses the vertical axis on the same scale. At the early stage of forming process,
there is a slight difference in the p-∆L curve between the two, but there is a slight difference
in the p value at point A. It can be seen that the increase in the p is large for the cross-
shape forming, and it requires nearly 1.8 as much as in the latter half of T-shape forming.
Meanwhile, the ∆H-∆L curve does not differ depending on the forming shape.

Until now, the loading path has been determined by experience and trial and error, but
it is expected that this method will be applied to the optimization of processing conditions
and the process control.
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4.6.2. Optimum Temperature Distribution for Different Forming Shapes

By applying the optimization method for T-shape forming of AZ31B described above,
optimization of the non-uniform temperature field was performed for AZ61 tube and
cross-shape forming by the same FE analysis. In T-shape forming for AZ61 tube, buckling
occurred at the bulged head area when the temperature of Tbottom was 140 ◦C or lower.
The difference in deformation behavior between AZ31B and AZ61 is considered to be due
to the deformation resistance of both. The difference in deformation resistance between
the two is not large in the high temperature range of 200 ◦C or higher, but the difference is
large in the temperature range of 150 ◦C or lower. Therefore, in the WTHF of AZ61, it is
considered that it becomes difficult to form the bulging part by reducing the temperature
Tbottom at the center of the bottom. From these results, it can be said that the optimum
temperature of Tbottom, which makes the bottom wall thickness distribution uniform in
T-shape forming of AZ61 magnesium alloy, is 150 ◦C.

In cross-shape forming, the wall thinning of the bulging part can be suppressed by
lowering the temperature TCP at the center of the counter punch, but wrinkles occur near
the die shoulder by reducing the temperature. The temperature condition at which wrinkles
began to occur was TCP < 200 ◦C for both AZ31B and AZ61. By setting TCP = 200 ◦C, it
is possible to suppress the wall thinning of the bulging part by about 50% compared to
the case of uniform temperature field, and the effect of suppressing the wall thinning
by cooling the counter punch was confirmed in cross-shape forming for AZ61 as well as
for AZ31B.

Figure 20 shows the optimum temperature distribution for T-shape forming of AZ61
and for cross-shape forming of both magnesium alloy tubes. For T-shape forming of AZ61
in Figure 20a, the optimum temperature distribution is different from that of AZ31B in
Figure 18. The bottom temperature for AZ61 is 150 ◦C and 20 ◦C higher than that of
AZ31B. On the other hand, for cross-shape forming shown in Figure 20b, in the cross-shape
forming of AZ31B and AZ61, the optimum temperature distribution was the same. It was
shown that the die was 250 ◦C and the counter punch was 200 ◦C, and for the temperature
distribution cooling, only the bulge head was sufficient.

  

(a) (b) 

Figure 20. Optimum temperature conditions to make the wall thickness distribution more uniform.
(a) T-shape forming for AZ61; (b) cross-shape forming for AZ31B and AZ61.

5. Conclusions

In this study, local heating/cooling in the warm T-shape and cross-shape forming
processes was carried out for the AZ31B and AZ61 magnesium alloy tube, which is a
hard-to-form material at room temperature, to improve the formability, wall thickness
distribution, and formed shape accuracy. For this purpose, a new local heating and cooling
apparatus was developed and adopted to achieve a high wall-thickness quality of the
hydroformed T-shape and cross-shape products. Under experimental constraints with a
forming time of 5 min at 250 ◦C or below, optimization of temperature distribution and
loading path during process using fuzzy inference model previously developed by the
authors was attempted. As a result, firstly, it was verified that the local heating/cooling
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approach to creating a non-uniform temperature field is more effective in the hydroforming
process for the hard-to-form materials and enhancing the formability and making wall
thickness uniform than that under a uniform temperature field. In addition, optimum
symmetric and asymmetric temperature distributions for the T-shape and cross-shape
forming of tubes were shown. Its effectiveness is considered to be confirmed under other
conditions from the verification results obtained by the experiment and FE simulation for
the T-shape forming of AZ31B.

It was suggested that the loading path and temperature distribution have important
effects on the WTHF process and that these optimizations are necessary to achieve optimum
process design and process control.

The influence of the loading path and the temperature condition on each other is not
large, and both the optimizations can be realized independently.
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Abstract: The main objective of the present paper is to provide a simple analytical solution for

describing the expansion of a two-layer tube under plane-strain conditions for its subsequent use

in the preliminary design of hydroforming processes. Each layer’s constitutive equations are an

arbitrary pressure-independent yield criterion, its associated plastic flow rule, and an arbitrary

hardening law. The elastic portion of strain is neglected. The method of solution is based on two

transformations of space variables. Firstly, a Lagrangian coordinate is introduced instead of the

Eulerian radial coordinate. Then, the Lagrangian coordinate is replaced with the equivalent strain.

The solution reduces to ordinary integrals that, in general, should be evaluated numerically. However,

for two hardening laws of practical importance, these integrals are expressed in terms of special

functions. Three geometric parameters for the initial configuration, a constitutive parameter, and two

arbitrary functions classify the boundary value problem. Therefore, a detailed parametric analysis

of the solution is not feasible. The illustrative example demonstrates the effect of the outer layer’s

thickness on the pressure applied to the inner radius of the tube.

Keywords: tube hydroforming; two-layer tube; rigid plasticity; arbitrary yield criterion; arbitrary

hardening law; analytic solution

1. Introduction

Tube hydroforming is capable of replacing several traditional manufacturing pro-
cesses [1]. The products of tube hydroforming processes are widely used in different
sectors of the industry [2–6], including the production of micro-parts [7,8]. Several compre-
hensive reviews on hydroforming technologies are available [9–12], where the advantages
and disadvantages of these technologies are discussed in detail.

An important direction of research is to design hydroforming processes. Several meth-
ods based on sophisticated numerical modeling have been proposed [1,5,13]. However, it
is known from other branches of the mechanics of metal forming processes that simplified
methods can be very useful for the preliminary design of metal forming processes. In
particular, such methods can provide a reliable initial guess for more sophisticated methods.
An example of such simplified methods is the theory of ideal flows [14–16]. The present
paper provides a simple analytic solution for a two-layer tube hydroforming process. An
advantage of this solution is that it is valid for any pressure-independent yield criterion
and any hardening law. Therefore, the solution can be used for parametric analysis and
preliminary design of the tube hydroforming process for a large class of materials.

Hydroforming of multi-layer materials is a widely used hydroforming process. The
hydroforming technology for producing double-layer spherical vessels was introduced
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in [17]. This paper includes both experimental and theoretical results. The latter are based
on the elastic/plastic finite element method. Paper [18] has applied hydroforming for
developing the discrete layer forming of a multi-layer tube. This paper uses an analytic
method for finding an optimal loading path to prevent defects in the course of forming.
This analytic method has been justified by experiments. The hydraulic bulging test for
multi-layer sheets was proposed in [19]. Its theoretical treatment has been based on the
finite element method. Various technological aspects of the hydroforming process of
multi-layer sheets have been discussed in recent publications [20,21].

The present paper focuses on a new theoretical method for describing two-layer tube
hydroforming under plane-strain conditions. It is assumed that each layer is rigid/plastic.
No restriction is imposed on the isotropic pressure-independent yield criterion and hard-
ening law. The general solution is analytic. A numerical treatment may be needed for
evaluating ordinary integrals.

The success of the method proposed is based on the use of advantageous space
variables. In particular, the original formulation of the boundary value problem in Eulerian
coordinates is first transformed in the formulation in Lagrangian coordinates. Then, the
equivalent strain is used as an independent space variable. In the case of elastic/plastic
problems, this change of independent variables has proved advantageous for a class of
problems [22–24].

A practical aspect of the solution is that simple solutions are essential for estimating
the required forming pressure in tube hydroforming of monometallic and clad tubes [25,26].
Moreover, the solution can be used as a benchmark problem for verifying numerical codes,
which is a necessary step before using such codes [27,28].

2. Statement of the Problem

Consider a two-layer tube of initial outer radius Rb and inner radius Ra, subjected to
uniform pressure P over the inner radius. The outer radius of the inner layer and the inner
radius of the outer layer is Rc (Figure 1a). Each layer is rigid/plastic or hardening. The state
of strain is plane. It is natural to adopt a cylindrical coordinate system (r, θ, z), the z-axis
of which coincides with the tube’s axis of symmetry. Then, the solution is independent of θ.
In particular, after any amount of deformation, the outer and inner radii of the tube are b
and a, respectively. The radius of the contact surface between the layers is c (Figure 1b). Let
σr, σθ , and σz be the normal stresses referred to the cylindrical coordinates. These stresses
are the principal stresses. The circumferential velocity vanishes and the radial velocity is
denoted as u.

χ

Figure 1. Schematic diagram of the process: (a) initial configuration, (b) intermediate and final configurations.

In the case under consideration, any pressure-independent yield criterion reduces to

|σr − σθ | = χσeq. (1)
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Here, σeq is a measure of the equivalent stress and χ is constant. Let ξr and ξθ be
the non-zero normal strain rates referred to the cylindrical coordinates. The flow rule
associated with the yield criterion (1) reduces to the equation of incompressibility

ξr + ξθ = 0 (2)

and the inequality
ξr(σr − σθ) > 0. (3)

It is assumed that σeq is a function of the equivalent strain, εeq. The latter is determined
from the equation:

dεeq

dt
= ξeq. (4)

Here, t is the time, d/dt denotes the convected derivative, and ξeq is the equivalent
strain rate. In the case under consideration,

ξeq = χ|ξr| = χ|ξθ |. (5)

Assuming that σeq is equal to the axial stress in the uniaxial tension test, the von Mises
yield criterion follows from Equation (1) at χ = 2/

√
3 and Tresca’s yield criterion at χ = 1.

It is convenient to represent σeq as σeq = σ0Φ
(

εeq

)

, where σ0 is the value of the
equivalent stress at εeq = 0 and Φ

(

εeq

)

is an arbitrary function of its argument, satisfying
the conditions Φ = 1 at εeq = 0 and dΦ/dεeq ≥ 0 for all εeq. Then, Equation (1) becomes

|σr − σθ | = χσ0Φ
(

εeq

)

. (6)

The stress boundary condition is

σr = 0 (7)

for r = b. The pressure P is determined from the equation

P = −σr (8)

where the radial stress is understood to be calculated at r = a.

3. General Solution

Since ξr = ∂u/∂r and ξθ = u/r, Equation (2) can be immediately integrated to give

u =
Ua

r
. (9)

Here, U is the radial velocity at r = a. Since the material model is rate-independent,
the magnitude of U is immaterial. By definition, ∂r/∂t = u. This equation and Equation (9)
combine to give

∂r

∂a
=

a

r
. (10)

It has been taken into account here that da/dt = U. Equation (10) can be immediately
integrated to give

r =
√

R2 + a2 − R2
a. (11)

Here, R is the Lagrangian coordinate such that r = R at a = Ra. One can solve
Equation (11) for R to obtain

R =
√

r2 − a2 + R2
a. (12)
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It follows from Equation (10) that

ξr =
∂u

∂r
= −Ua

r2 . (13)

One substitutes Equation (13) into Equation (5) to arrive at

ξeq = χ
Ua

r2 . (14)

Equations (9) and (14) combine to give

ξeq = χ
Ua

(R2 + a2 − R2
a)

. (15)

In Lagrangian coordinates, d/dt = ∂/∂t. Therefore, Equation (15) becomes

∂εeq

∂a
= χ

a

(R2 + a2 − R2
a)

. (16)

It has been taken into account here that da/dt = U. One integrates Equation (16)
to obtain

εeq =
χ

2
ln
(

R2 + a2 − R2
a

R2

)

. (17)

This solution satisfies the initial condition that εeq = 0 at a = Ra.
The only stress equilibrium equation that is not identically satisfied in the cylindrical

coordinates is
∂σr

∂r
+

σr − σθ

r
= 0. (18)

It is more convenient to rewrite this equation in the Lagrangian coordinates. It follows
from Equations (11) and (12) that

∂R

∂r
=

r

R
. (19)

Then, Equation (18) becomes

∂σr

∂R

∂R

∂r
+

σr − σθ

r
=

∂σr

∂R

r

R
+

σr − σθ

r
= 0. (20)

Equations (3) and (13) show that σr − σθ < 0. Then, using Equations (6) and (11), one
transforms Equation (20) to

∂σr

σ0∂R
=

χRΦ
(

εeq

)

(R2 + a2 − R2
a)

. (21)

It is seen from the general structure of this equation that it is advantageous to use
the equivalent strain as the independent variable instead of R. Using Equation (17), one
replaces the differentiation with respect to R in Equation (21) with the differentiation with
respect to εeq to attain

∂σr

σ0∂εeq
=

R2Φ
(

εeq

)

(R2
a − a2)

. (22)

Moreover, Equation (17) can be solved for R to result in

R2 =
a2 − R2

a

exp
(

2εeq/χ
)

− 1
. (23)

30



Metals 2021, 11, 793

Equations (20) and (23) combine to give

∂σr

σ0∂εeq
=

Φ
(

εeq

)

1 − exp
(

2εeq/χ
) . (24)

The general solution of this equation is

σr

σ0
=

εeq
∫

ε0

Φ(ω)

1 − exp(2ω/χ)
dω +

s0

σ0
. (25)

Here, ω is a dummy variable of integration, and s0 is the value of σr at εeq = ε0. The
circumferential stress is determined from Equations (6) and (25) as

σθ

σ0
=

εeq
∫

ε0

Φ(ω)

1 − exp(2ω/χ)
dω + χΦ

(

εeq

)

+
s0

σ0
. (26)

Since εeq is independent of R at the initial instant, ∂εeq/∂R = 0 at a = Ra. Therefore,
the transformation of Equation (21) into Equation (22) is not justified at the initial instant.
As a result, one cannot put ε0 = 0 in Equation (25) and the following equations that involve
this quantity. The solution at the initial instant is not required in the present paper. If one
requires such a solution, then it is necessary to return to Equation (21). It is then necessary
to put εeq = 0, which is equivalent to putting Φ

(

εeq

)

= 1. The resulting equation can be
immediately integrated in terms of elementary functions to provide the radial distribution
of σr.

4. Expansion of a Two-Layer Tube

Throughout this paper’s remainder, subscript 1 denotes quantities related to the inner
layer and subscript 2 to the outer layer (Figure 1).

Let εa, εb, and εc be the values of the equivalent strain at R = Ra, R = Rb, and R = Rc,
respectively. Then, it follows from Equation (17) that

εa = χ ln
(

a

Ra

)

, εb =
χ

2
ln

(

R2
b + a2 − R2

a

R2
b

)

, and εc =
χ

2
ln
(

R2
c + a2 − R2

a

R2
c

)

. (27)

The solution to Equation (25) satisfies the boundary condition of Equation (7) if s = s0
and ε0 = εb. Then,

σ
(2)
r

σ
(2)
0

=

εeq
∫

εb

Φ(2)(ω)

1 − exp(2ω/χ)
dω. (28)

Let σc be the value of the radial stress at R = Rc. It follows from Equation (28) that

σc

σ
(2)
0

=

εc
∫

εb

Φ(2)(ω)

1 − exp(2ω/χ)
dω. (29)

The radial stress must be continuous across the bi-material interface. Therefore,
σ
(1)
r = σc at R = Rc. The solution to Equation (25) satisfying this condition is

σ
(1)
r

σ
(2)
0

= k

εeq
∫

εc

Φ(1)(ω)

1 − exp(2ω/χ)
dω +

σc

σ
(2)
0

(30)
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where k = σ
(1)
0 /σ

(2)
0 . Equations (29) and (30) combine to give

σ
(1)
r

σ
(2)
0

= k

εeq
∫

εc

Φ(1)(ω)

1 − exp(2ω/χ)
dω +

εc
∫

εb

Φ(2)(ω)

1 − exp(2ω/χ)
dω (31)

The pressure of the inner radius is determined from Equations (8) and (31) as

P

σ
(2)
0

= −k

εeq
∫

εc

Φ(1)(ω)

1 − exp(2ω/χ)
dω −

εc
∫

εb

Φ(2)(ω)

1 − exp(2ω/χ)
dω (32)

Together with Equations (17) and (26), the solution above supplies the dependence of
the radial and circumferential stresses on the Lagrangian coordinate in parametric form,
with the equivalent strain being the parameter. One can use Equation (12) to find the
distribution of these stresses along the r-axis.

In general, the integral in Equation (25) should be evaluated numerically. However,
two hardening laws of practical importance allow for the evaluation of this integral in
terms of special functions. In the case of linear hardening, Φ

(

εeq

)

= 1 + βεeq. Using this
function, one finds

εeq
∫

ε0

Φ(ω)

1 − exp(2ω/χ)
dω =

χ

4







βχLi2
[

exp
(

− 2εeq

χ

)]

− βχLi2
[

exp
(

− 2ε0
χ

)]

−
2
(

1 + βεeq

)

ln
[

1 − exp
(

− 2εeq

χ

)]

+ 2(1 + βε0) ln
[

1 − exp
(

− 2ε0
χ

)]







. (33)

Here, Li2
(

εeq

)

is the dilogarithm function. In the case of Voce’s hardening law,
Φ
(

εeq

)

= 1 + (β − 1)
[

1 − exp
(

−nεeq

)]

. Using this function, one finds

εeq
∫

ε0

Φ(ω)
1−exp(2ω/χ)

dω = β
(

εeq − ε0
)

− 1
2 βχ ln

[

1−exp(2εeq/χ)
1−exp(2ε0/χ)

]

+ (β−1)
n

[

exp
(

−nεeq

)

Λ
(

εeq

)

− exp(−nε0)Λ(ε0)
]

. (34)

Here, Λ(x) ≡ 2F1[1, −nχ/2, 1 − nχ/2, exp(2εeq/χ)] is the hypergeometric function.

5. Experimental Verification and Illustrative Examples

Three geometric parameters for the initial configuration, the value of χ, and two
arbitrary functions classify the boundary value problem. Therefore, a detailed parametric
analysis of the solution is not feasible. However, the solution is very simple for any
given set of initial data. The numerical results below focus on the maximum value of the
internal pressure, Pmax. Simple solutions for this quantity are essential for estimating the
required forming pressure in tube hydroforming of monometallic and clad tubes [25,26].
The solution above certainly belongs to this class of solutions.

Experimental data on hydroforming of clad tubes are presented in [26]. The outer
tube is made of aluminum alloy A1060-O and the inner tube from copper alloy C1020TS-O.
The initial outer radius of the clad tube is 20 mm, and the initial total thickness of the two
layers is 1.5 mm. The experiments have been carried out for several ratios of the outer
tube’s thickness to the inner tube’s thickness. The stress–strain curves of the copper and
aluminum alloys have been represented as

σeq = 518ε0.45
eq and σeq = 144ε0.25

eq , (35)

respectively. Here, the equivalent stress is expressed in MPa. The equations in Equation (35)
are not compatible with the restrictions imposed on the function Φ

(

εeq

)

before Equation (6).
Therefore, Equation (35) is replaced with Ludwik’s hardening law

σeq = 31.3 + 496ε0.507
eq and σeq = 32.2 + 115.7ε0.37

eq . (36)
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Here, the first equation corresponds to the copper alloy and the second to the alu-
minum alloy. The difference between the laws in Equations (35) and (36) is negligible, and
is revealed only at small strains (Figure 2). The solid curves correspond to Equation (35)
and the broken curves to Equation (36). Using Equation (36) and assuming that χ = 2/

√
3,

one can find the function involved in Equation (6) as

Φ(1)(εeq

)

= 1 + 15.85ε0.507
eq and Φ(2)(εeq

)

= 1 + 3.6ε0.37
eq . (37)

 
 
 

  

(a) (b) 

Figure 2. Stress–strain curves according to Equations (35) and (36): (a) copper alloy, (b) aluminum alloy. The solid curves
correspond to Equation (35) and the broken curves to Equation (36).

Moreover, σ
(1)
0 = 31.3 MPa and σ

(2)
0 = 32.2 MPa. The volume fraction of the copper

alloy is determined as

λ =

(

R2
c − R2

a

R2
b − R2

a

)

× 100%. (38)

Since Ra and Rb are fixed in [10], λ is controlled by Rc. It is seen from the experimental
data depicted in Figure 10 in [10] that Pmax is practically a linear function of λ. This function
can be interpolated as

Pmax = 6 + 9.5
(

λ

100%

)

. (39)

Here, Pmax is expressed in MPa. One can substitute Equation (37) into Equation (32)
for calculating P as a function of a. A local maximum of this function is found numerically.
A comparison of the experimental data from [26] and the theoretical solution is shown
in Figure 3. The solid line represents Equation (39) and the broken line is the theoretical
solution found using Equation (32). It is seen from this figure that the theoretical solution
is quite accurate.

As another example, a tube made of Al–Li alloy (Material 1 in Figure 1) and 5A06
aluminum alloy (Material 2 in Figure 1) is considered. Paper [20] provides the mechanical

properties of these materials. In our nomenclature, σ
(1)
0 = 77.7 MPa and σ

(2)
0 = 155 MPa.

Moreover,
Φ(1) = 1 + 5.08ε0.28

eq and Φ(1) = 1 + 4.4ε0.3
eq . (40)

The initial configuration is determined by

Rc

Ra
= 1 +

t1

Ra
and

Rb

Ra
= 1 +

t1 + t2

Ra
. (41)
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Here, t1 is the initial thickness of the inner layer and t2 is the initial thickness of the
outer layer. In all calculations, t1 = 1.8 mm, Ra = 100 mm, and χ = 2/

√
3. Figure 4 depicts

the variation of the inner pressure with the inner radius of the tube for three values of t2.
The value of P increases with t2. All three curves attain a local maximum at a certain value
of a. The value of Pmax can be found numerically with no difficulty.

 
 
 

 

Figure 3. Comparison of the experimental data from [26], and the theoretical solution resulting from
Equation (32). The solid line represents the experimental data and the broken line the theoretical
solution found using Equation (32).

 

Figure 4. Dependence of the internal pressure on the inner radius for several initial thicknesses of
the outer layer.

6. Conclusions

The solution presented describes the plane-strain expansion of a two-layer tube for
tube hydroforming applications. The solution has been reduced to evaluating the integral in
Equation (25). If the maximum value of the pressure is required, then a numerical technique
is necessary. No restriction on the pressure-independent yield criterion and hardening
law has been applied. Therefore, the solution is advantageous for the preliminary design
of the tube hydroforming process. It is of special importance because many parameters
and functions classify the boundary value problem. The solution’s accuracy is verified by
comparing it to the experimental data provided in [26] (Figure 3). As another example,
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the effect of the thickness of the outer layer on the pressure applied over the inner radius
of the tube has been investigated using the data provided in [20] (Figure 4). It is seen
from this figure that its magnitude attains a local maximum at a certain stage of the
process. It is probably because of competition between the change of geometric parameters
and hardening. Simple solutions for P’s maximum value are essential for estimating the
required forming pressure in tube hydroforming of clad tubes [26].

The solution is exact. Therefore, it can be used for validating numerical solutions,
which is a necessary step before their use in applications [27].

The solution in Section 3 is valid for any value of a. Therefore, it can be used to analyze
and design hydroforging processes introduced in [29].

The solution in Section 4 is for two-layer tubes. The line of reasoning in this section
shows that extending this solution to multi-layer tubes requires adding equations similar
to Equation (31) for each interface, which is a relatively simple task.
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Nomenclature

a inner radius of the tube after any amount of deformation
b outer radius of the tube after any amount of deformation
c radius of the interface between the layers after any amount of deformation
k parameter introduced after Equation (30)
P pressure over the inner radius of the tube
Pmax maximum inner pressure in the course of the hydroforming process
R Lagrangian coordinate
Ra Lagrangian coordinate of the inner radius of the tube
Rb Lagrangian coordinate of the outer radius of the tube
Rc Lagrangian coordinate of the interface between the layers
(r, θ, z) cylindrical coordinate system
t Time
t1 initial thickness of the inner layer
t2 initial thickness of the outer layer
U radial velocity at the inner radius of the tube
u radial velocity
εeq equivalent strain
ξeq equivalent strain rate
ξr and ξθ radial and circumferential strain rates, respectively
σeq equivalent stress
σr, σθ and σz radial, circumferential, and axial stresses, respectively
σ0 initial yield stress in tension
φ arbitrary function of the equivalent strain introduced in Equation (6)
χ parameter introduced in Equation (1)
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Abstract: We proposed a local one-sided rubber bulging method of metal tubes to evaluate various

strain paths at an aimed portion and measured the forming limit strains of metal tubes at the place

of the occurrence of necking under biaxial deformation. Using this method, since rubber is used

to give pressure from the inner side of the tube, no sealing mechanisms were necessary unlike

during hydraulic pressure bulging. An opening was prepared in front of the die to locally bulge a

tube at only the evaluation portion. To change the restriction conditions of the bulged region for

biaxial deformation at the opening, a round or square cutout, or a slit was introduced. The test

was conducted using a universal compression test machine and simple dies rather than a dedicated

machine. Considering the experimental results, it was confirmed that the strain path was varied by

changing the position and size of slits and cutouts. Using either a cutout or a slit, the strain path in the

side of the metal tubes can be either equi-biaxial tension or simple tension, respectively. Additionally,

by changing the size of the cuts or slits, the strain path can be varied.

Keywords: tube forming; tube bulging test; formability test; forming limit; biaxial strain; local rubber

bulging; cutout shape; slit length

1. Introduction

Recently, the application of tube-formed products has been utilized in various hollow
transport components and mechanical structures to improve their rigidity and strength
and to reduce their production cost. When the cross-sectional areas of solid and hollow
materials are the same, the moment of inertia of the hollow-like tube is larger than that of
the solid. Regarding the case of producing hollow parts, a welding margin is necessary
when forming from sheet metal but unnecessary from a tube. Thus, the mass of the parts can
be reduced, and the specific rigidity and specific strength will increase. Regarding the latter,
because some workings such as bulging and piercing can be performed simultaneously by
a tube-forming machine, production costs can be reduced. Concerning tube forming, tube
materials are subjected to complex and severe deformation and, thus, some forming defects
such as cracking and buckling often occur. To avoid such forming defects, the formability of
the tube materials should be evaluated appropriately. Although trial forming tests require
both time and cost, finite element method (FEM) simulation can reduce both of them. To
obtain satisfactory simulated results during the forming processes, trustworthy input data
should be obtained by accurate measurement of the material properties of the flow stress,
the forming limit, and the fracture limit. Since tubes have distributions of initial thickness
and hardness in the circumferential direction that is caused by the manufacturing method,
input data for the simulations should be obtained, but not from sheet metal before forming
into a tube, rather from a tube [1,2]. Metal tubes tend to have more anisotropy of strength
because they are made from pre-finished products by the additive working process. The
purpose of this research is to establish an easy biaxial test method for metal tubes to enable
the construction of a forming limit diagram.
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Yoshida has reported on the examination of standard test methods such as Japanese
Industrial Standards (JIS) and International Organization for Standardization (ISO) and
other methods [3]. Generally, mechanical properties tests for tubes are classified into axial
and circumferential directions. There are JIS Z 2241 in the axial tensile test with which
it is possible to obtain the ultimate tensile strength, yield point, breaking elongation, etc.
Conversely, regarding the circumferential direction, the ring tension (ISO 8496), flatness
(ISO 8492), push-spread (ISO 8493), flange extension (ISO 8494), ring spread (ISO 8495)
tests, etc. are standardized. However, the purpose of them is to detect defects in the tube
material such as a defective weld. Moreover, they are only soundness evaluation tests of
the pre-service tube and cannot evaluate tube formability.

Therefore, various advanced researches have been conducted on the evaluation test
of the tube formability. Regarding the axial direction, Yoshida et al. developed the tube
tensile test using image processing for measurement of the flow stress and forming limit.
Also, the influence of triaxiality on the fractured strain change around the weld seam [4,5]
was investigated. Concerning the circumferential direction, Yoshimura et al. reported the
ring tensile test method which can evaluate the flow stress and forming limit strain of the
welded tube’s base metal [6,7]. Sokolowski, Muammer, and Hwang proposed methods to
evaluate flow stress using a free bulging test which does not need to cut a specimen from
the tube [8–10]. Additionally, Manabe et al. proposed the conical flaring test in which the
tube was expanded until cracks occurred at the end of the tube, and also investigated the
effects of test conditions, mechanical properties of the material, and the apex angle of the
conical tool on the deformation behavior [11,12]. Also, using a conical flaring test, they
identified the parameters of the ductile fracture criterion proposed by Oyane [13]. Manabe
and Yoshida compared a conical flaring test to three kinds of bulging test and reported
that the flaring test results are in relatively good agreement with the result of the rubber
bulging test [14].

It is well-known that the ratios of the circumferential strain and axial strain influence
the forming limit of the tube similar to the sheet forming. Therefore, several evaluation
methods for the forming limit on the biaxial deformation of the tube have been proposed.
Most of them are methods which apply the free bulge test. Guo et al. improved the accuracy
of the evaluation of the forming limit of the tube under hydraulic free bulging without axial
feeding using a combination of Oyane’s ductile fracture criterion with the M-K theory [15].

Generally, free-bulging tests with internal pressure and axial feeding are classified into
two kinds, depending on axial feeding; one has only compressive axial feeding, the other
has compressive and tensile axial feeding. Many investigations are concerned with the
former to obtain only the left-hand side of the forming limit diagram (FLD). Hwang et al.
constructed a FLD of AA6011 using a free bulge test machine which clamps and pushes
both ends of the tube [16], for example. Kim proposed analytical and numerical analyses
of the forming limit in the free bulge test with axial compressive feeding, and it was shown
that the results agreed with the experimental results [17]. Song et al. also executed a
series of free bulge tests on an FLD of a tube with a similar experimental apparatus and
investigated the effect of the flow stress on the FLD [18]. Kuwabara et al. conducted simple
hydraulic bulging tests in which ends of the tube were not restricted and examined the
breakage expansion ratio and the forming limit of the circumferential strain. Moreover,
they applied the tests on three types of tubes(1)as-roll, (2)as-roll and normalized, and
(3)cold-drawn and normalized, and reported in detail about the relation of uneven initial
tube thickness distribution and uneven hardness distribution to the fracture position [19].

To obtain the strain paths, including the right side of the FLD by the free bulge test, it
is necessary to apply axial tension to both ends of the pipe. The difficulty is in clamping
both ends of the tube without leakage of the internal pressure medium. Kuwabara et al.
developed a hydraulic multiaxial tube expansion testing machine that can measure material
properties along a predetermined strain and stress path by controlling the axial load and the
internal hydraulic pressure, and can evaluate the mechanical properties of tubes and plates,
yield surface, and so on, until large strains cause failure [20]. During this current research,
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a test method for obtaining the forming limit stress curve (FLSC) has been proposed.
During the subsequent research of the former study, Kuwabara et al. developed the test
method which enables continuous measurement of large-strain biaxial stress–strain curves
without resticking strain gages [21]. Korkolis and Kyriakides investigated the inflation and
burst of Al-6260-T4 tubes under combined tensile or compressive axial loads with internal
pressure and observed that localized wall thinning, and burst can be very sensitive to the
constitutive description employed for the material [22].

Added to the free bulge test, by controlling the internal pressure and axial feeding,
other kinds of material property evaluation tests also have been proposed. As a test method
designating the evaluated area in a tube, Shirayori et al. proposed a partial hydraulic bulge
test method in which only a designated part of a tube was expanded [23] and described
the deformation behavior on the wall thickness and the bulged rate under multiple axial
loading conditions [24]. Chen et al. proposed a new theoretical model to predict the FLD
for a seamed tube. Regarding the same report, they obtained the left-hand side FLD using
a classical free hydroforming tool set, and the right-hand side FLD via the novel device
to simultaneously give the lateral compression force and the internal pressure to control
the material flow [25]. Furthermore, Lin et al. proposed a novel experimental device by
partially bulging a tube at the upper elliptical opening to evaluate the right side FLD
and could obtain the forming limit strains at the weld line and the opposite region of
the tube [26]. Magrinho et al. obtained multiple strain paths in both sides of the FLD
using three kinds of tests: a uniaxial tensile test of a specimen cutout from a tube, a tube
expansion test of the tube end with a rigid punch, and a rubber pressured free bulge test
using a digital image correlation system (DIC) [27]. Furthermore, Magrinho et al. also
proposed a methodology to determine the forming limits by buckling, necking, and fracture
during an external thin-walled tube inversion [28].

Since welded steel tubes, which are frequently used for parts of automobiles, have a
different hardness between the weld and the base metal caused by the thermal treatment,
it is necessary to evaluate the weld and the base metal, respectively. However, there is
no test of the tube to evaluate a designated location, except those by Shirayori et al. [23]
and Lin et al. [26]. Most biaxial tube formability evaluation tests require expensive special
equipment for hydraulic loading, sealing, and axial loading, excluding a conical flaring
test and rubber bulge test. Furthermore, it is important to check the linearity of the strain
path because the forming limit curve (FLC) is changed depending on the strain path. Chen
et al. and Lin et al. measured strain paths using each test method [25,26]. However,
these methods have problems caused by stopping the test, such as the effect of unloading,
the length of the test time, and damage to the specimen. Therefore, a non-contact strain
measurement method is required as a method that can be continuously and quickly tested
and measured with a single test tube.

During this research, to obtain a forming limit under various biaxial deformations of
a tube, we propose a local one-sided rubber bulging test. Using this test method, a tube is
locally bulged to specify the evaluation part, for example, the base material except for the
weld and heat affected zone (HAZ). Since the pressure medium is rubber, the test machine
is inexpensive. Although the final goal of this research is measuring the FLD of the tube,
this report focuses on the possibility of measuring various proportional strain paths in the
right and left sides of the strain space. To realize the various strain paths, we propose that
a cutout or slit is preprocessed on the tube specimen. It is possible for noncontact while
continually measuring the strain path using image processing because the solid rubber
pressure medium has little risk to damage the camera. Thus, the test can be simply and
continuously conducted until the fracture limit. This test method was applied for a pure
aluminum tube (JIS A 1070TD), and we confirmed the linearity of the obtained strain path
and the wide range of the strain ratio of the strain paths.
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2. Materials and Methods

2.1. Overview of the Local Rubber Bulging Test

During the proposed local one-sided rubber bulging test shown in Figure 1, the outer
side of a tube is restrained with a die (a container), and silicone rubber that is inserted
inside the tube is compressed axially by a punch to provide the tube internal pressure.
Only the local surface at the opening of the die is bulged and strain on the bulged surface
is measured. Silicone rubber can be compressed easily with a punch using a universal
testing machine. Regarding the case of hydraulic pressure, the pressure medium leaks
easily, despite the small expansion of the tube diameter in the clearance between the tube
and the die. Conversely, in the proposed method, silicone rubber can be easily sealed
using urethane rubber, which is harder than silicone rubber. Thus, complicated and any
expensive equipment, including a hydraulic pressure pump and sealing mechanisms,
are unnecessary in this method. The circumferential and axial strains at the top of the
bulged surface, which is the center of the die’s opening, are measured using an image
processing system.

Multiple strain paths are required to construct the FLD of the tube material. Magrinho
et al. have reported that the free rubber pressure-bulging tests in which the movement of
the tube ends is fixed can obtain multiple strain paths only on the right side of the strain
space (from plane strain tension to equi-biaxial tension) by changing the bulged length [25].
Using the proposed test method, it is expected to measure not only the right-side strain
paths but also the left-hand strain paths. Various deformations can be obtained by making
a cutout or slits on the tube specimens. Figure 2 shows three kinds of specimens before and
after the test: no cutout, cutout, and slit. No-cutout is an unprocessed tubular specimen,
and the strain path on the blue line of the plane strain tension will be measured. Cutout is
a preprocessed tubular specimen cutout on the opposite side to the bulged surface, and
strain paths in the right hand of the No-cutout will be measured in the green space shown
in Figure 2. A slit is added to a tubular specimen on the same side as the bulging, and the
strain paths in the left hand of the strain paths of the No-cutout will be measured in the
yellow space in Figure 2.
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(b) 

Figure 1. Illustration of local one-sided rubber bulging test: (a) Cross-sectional view; (b) General view.

 

₀

Figure 2. Change of strain path by introducing a cutout or slits to the tube specimen.

During this test method, since a local bulged region can be selected, the bulged area
is set to exclude a singular region, for example, the welded or heat-affected zone of the
welded steel tube. Besides the welded tube, the other metal tubes also have thickness and
hardness distributions in the circumferential direction due to the manufacturing process.
Although the weak point, which is the thinner or softer region, may be broken, generally
such weak points cannot be avoided when designing hollow products. Therefore, in this
paper, it is explained how to know beforehand where the weak position of a metal tube is
using preliminary tests and then by measuring the strain path around the position.

41



Metals 2021, 11, 751

2.2. Specimen, Rubber Pressure Medium and Test Equipment

The proposed test method was applied to the round pure aluminum tube, JIS: A1070TD,
with an outer diameter D0 = 38.0 mm, and a nominal thickness t = 2.0 mm. Since this pure
aluminum tube was made using porthole extrusion, it did not have the heat affect caused
by welding. Also, the initial thickness distribution was less than ±0.035 mm and seemed
very small. Prior to the test, the specimens used were annealed for 1 h at 400 ◦C. The
average and deviation of the hardness was 25/HV0.3 and less than ±2.8%, respectively.

Silicone KE1417 made by Shin-Etsu Chemical Ltd. (Tokyo, Japan) was used as a
pressure medium, and a 3.5 wt.% curing agent was mixed with the liquid state silicone to
make a semi-cylindrical shape with a diameter DG = 33.5 mm and a length LG = 170 mm.
The length of the semi-cylindrical rubber was sufficient so the end of the rubber did not
reach the die opening when compressed by the punch. The semi-cylindrical rubber was
used to save the rubber by the use of a semi-cylindrical sealing die, as shown in Figure 1.
Naturally, cylindrical rubber can be used, as well. Due to the solid pressure medium,
leakage of rubber from the cutout and the slit did not occur except at the opening of the
die. The sealing was very easy. Figure 3 shows the results of the uniaxial compression
test for two cylindrical silicone rubbers, N1 and N2, which are different production lots.
Since rubber often is treated as an incompressible material [29], the strain on the rubber
in the proposed rubber bulging test may be minimal when estimating it roughly from the
compression ratio of it in the vicinity of the die opening. Moreover, the flow stress on the
rubber is less than that on the tube metal. Thus, we assessed that the difference between
rubber lots can be ignored.
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Figure 3. Stress-strain curve of rubber.

Figure 4 shows the used separate die. The hole of φ 38.2 mm, which contacts the
specimen, is dug to a T-shape by a milling machine with a ball-end mill. The corner
roundness on the separated surface is R = 5 mm, so the material moves to the opening
easily. Although the ends of the tube can move in the rotation axis direction, the lower tube
end is fixed to affect the asymmetrical deformation at the opening due to the tube rotation.

ϕ

  

0 0.5 1 1.5 2
0
1
2
3
4
5
6
7

True strain　ε

Tr
ue

 st
re

ss
　
σ

 /M
Pa

 N1
 N2

Figure 4. Dimensions of separate die (container).
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2.3. The Test Procedure

Although the used pure aluminum tubes seem quite homogeneous on the thickness
and hardness distributions in comparison with the welded steel tube, the distributions
could not be ignored due to the manufacturing process of hot porthole extrusion. Actually,
even after the annealing treatment, the A1070TD specimens used have the effect of four
joints in the circumferential direction of the deformation behavior. It was confirmed that the
deformation behavior differs between the joint region and others by Matsuoka et al. [1,2].
Since it is difficult to exclude the locations that are easily fractured in tube forming, it is
necessary to selectively evaluate the weak location. Regarding the reproducibility of the
proposed test method, the fracture point must be at the center of the opening in all tests.

The procedure of the proposed test method is shown in Figures 5 and 6. Since tubes
often have a weak position in the circumferential direction due to its production method,
we realistically must check the forming limit of the weak position. Thus, we conducted the
preliminary test to specify the weak position of the tube specimen. During the main test,
the weak position was set at the center of the die opening.

 

°

Figure 5. Overview of the preliminary test to determine the weak position.

Prior to cutting out the test material from the delivered 4000 mm tube, one marking
line (line 1) that was parallel to the tube axial direction was drawn on the long pipe using a
scriber. A specimen was cut out and grid lines were drawn at 180◦ on the opposite side
of line 1 to measure the circumferential position of the fracture. The specimen length was
200 mm, and the grid lines were given using a laser-processing machine and painting. The
preliminary test specimen was placed into a die to set line 1 in the 180◦ opposite position
of the opening. Then, a local rubber pressure one-sided bulge test was conducted. Shown
in Figure 5, we regarded the circumferential position of the fracture as a weak position,
and the 180◦opposite side position to the weak position as the position of Line 2. Axial
marking line 2 is drawn at the 180◦ opposite side of this weak point on the residual long
tube. Shown in Figure 6, the main test specimen of the 200 mm tube was cut out from the
residual tube, and line 2 was set to 180◦ on the opposite side of the center of the opening of
the die. Using this preliminary test method, the center of the bulged surface was fractured
in all main tests, and the position always can be at the center of the opening, as captured
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by the imaging camera with a monocular lens. The reproducibility of the proposed test
method was confirmed.

 

°

Figure 6. Overview of the main test.

To reduce friction over the contact surfaces of the sealing tool and silicone rubber with
the test specimen, machine oil containing molybdenum disulfide was applied as a lubricant.
The silicone rubber was inserted into the tube, and then urethane rubber for sealing was
pushed from the upper side of it by a punch. Autograph AG-IS50kN (Shimadzu Corp.,
Kyoto, Japan) was used as a universal testing machine to push the punch, and the punch
feed speed was 10 mm/min. The possibility to obtain several biaxial strain paths using the
proposed testing method is examined in this paper.

2.4. The Measurement Method of Strain Path by Image Processing with a Monocular Camera

Prior to the main test, twelve red marking points for image processing were added
to the specimens at the center of the die opening, as shown in Figure 7. During this
research, red resin was coated over the pipe surface using a spray and the region, except
for the marking points, was etched using a laser-processing machine. The strain path
was acquired by measuring the centroid of each marking point using image processing.
The attached red round points were 0.8 mm in diameter, and 12 points were arranged at
1.2 mm intervals. The camera was a NI-1776C smart camera (National Instrument Corp.,
Austin, TX, USA) with a monocular lens, and National Instruments LabVIEW (National
Instrument Corp., Austin, TX, USA) was used as the recording software. The measurement
data interval was 8 frames/s. The camera was placed vertical to the test material for the
measurement, so the object distance between the lens and the test material was about
800 mm, as shown in Figure 1. NI Vision Assistant was used as the image processing
software (National Instrument Corp., Austin, TX, USA), and it calculated each centroid of
each frame. Using this method, we obtained strain paths by determining the tube axial
and circumferential strains. To obtain a forming limit at the occurrence of necking, strain
components were measured near the fracture position, as shown in Figure 8. Although the
deformed surface was curved, the accuracy, even by a monocular camera, was sufficient
because the measured region at the center of the opening was small and vertical to the
shooting axis.
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°

 

Figure 7. Size and shape of marking points for measurement by image processing.

 

Figure 8. Appearance of measurement points on deformed tube.

2.5. Cutout and Slit to Change a Strain Path

Previously mentioned, it is supposed that cutouts and slits added to the specimen
change the strain path. Thus, we examined the effect of cutout and slit shapes on the strain
paths. The cutout shapes, rectangular, I-type, and round, shown in Figures 9 and 10, were
examined. Cutout and slit were easily made with a general machine such as a milling
machine or an electric discharge machine. Since cracks from the periphery, or corners
of them, did not occur, there was no damage to the processed surface roughness, the
roundness of the cutout corners, or the slit edges.

 

θ
₁ θ₁ ₁

θ₂ θ₃ ₂ ₃

θ₄

Figure 9. Variations of cutouts shape and position.

The cutout was made on the opposite side of the die opening, as shown in Figure 9.
Regarding the case of the round cutout, the diameters D were 10 and 30 mm. Regarding
the case of the rectangular cutout, the angle θ1 in the circumferential direction and the
length W1 in the axial direction were changed between θ1 = 60–140◦ and W1 = 10–60 mm,
respectively. The size of the cutout was limited because the deformed cutout ends reached
the die opening during the test and the rubber might have leaked from the opening.
Therefore, an I-type cutout was designed to prevent this leak of rubber by keeping the
material near the opening. Concerning this paper, only one pattern of I-type was examined,
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and the cutout dimensions were θ2 =170◦, θ3 = 100◦ and the lengths were W2 = 40 mm and
W3 = 20 mm, respectively. The round cutout was opened with a drill and its diameter was
changed from 10 to 30 mm. Shown in Figure 10, the slit was made in the specimen at the
opening side at the ±24 mm tube axial distant positions from the center of the opening.
The length of the slit, θ4, also changed from 90 to 180◦ in the circumferential direction. The
wire diameter of the electric discharge machine was 0.2 mm.
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Figure 10. Size and position of slits.

3. Results and Discussion

3.1. Measuring Precision of Strain by a Monocular Camera

We obtained strain paths of the specimen using the proposed method. Figure 11
shows the strain path of a specimen with no cutout, and a forming limit strain measured
by a microscope. Comparing the final strain on the strain path using image processing
and the forming limit strain measured by a microscope, the average discrepancy of the
circumferential strain is 0.026, and that of the axial strain is 0.020. It is considered that the
discrepancy of 6–8% was a calculation error of the image processing caused by the marker’
peeling or deforming after the necking. Actually, the value measured by a microscope
was on the strain path obtained using image processing. Thus, we regarded that the
proposed method, using image processing, could be used as a strain measurement method.
Moreover, we determined the object distance was 800 mm and the marker distance and
the measurement error were about several percent different due to the pixel number of the
camera. The object distance, however, could be 250–300 mm if the diaphragm of the lens
used was larger using a defused lighting method. It is estimated that a less than 0.3% error
can be achieved by this camera.
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Figure 11. Strain path measured by image processing and forming limit strain measured by microscope.

Next, we verified whether the obtained strain paths were proportional loading states
or not. Concerning this paper, the strain ratio is defined as the axial strain divided by
the circumferential strain at the necking, which is measured near the fracture. The linear
approximation of each strain path was conducted. The average value of the R2 representing
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the errors were 0.95 for no cutout, 0.92 for cutout, and 0.89 for slit. Therefore, we can
confirm that the obtained strain paths are almost close to the proportional loading state.
Different from hydraulic bulging, the inner pressure distribution for rubber bulging may
be nonuniform. Flow stress in the porthole extrusion tube is inhomogeneous. We have not
established the numerical analysis model yet due to the difficulty of their treatments, and
the reason for this proportional loading state deformation could not be clarified.

3.2. Cutout and Slit

During the tube bulge hydroforming, the strain path is often between circumferential
uniaxial tension and equal biaxial tension, and it covers the strain ratio between −0.5 and
1.0. Shown in Figure 11, the strain ratio was 0.080 for the specimen without the cutout.
Figure 12 shows the results for round cutouts. The strain ratios of D = 10 mm and 30 mm are
0.18 and 0.24, respectively. When the round cutout diameter D is larger, the closer the strain
paths are to the equi-biaxial tension. However, even for a cutout diameter of D = 30 mm,
the strain ratio is small. The residual material around the die’s opening abounds and it is
considered that the effect of the cutout on the material flow to the opening makes it smaller.
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Figure 12. Strain paths obtained by specimens with round cutouts.

Figure 13 shows the strain paths of specimens with square cutouts. Figure 13a shows
the change in length W at the circumferential angle of θ1 = 140◦; when W1 = 10, 30, and
60 mm, the strain ratios are 0.13, 0.21, and 0.48, respectively. Thus, the larger W1 is, the
closer the strain paths are to the equi-biaxial tension. Viewing Figure 13b, the length
W1 = 30 mm and the angle θ1 in the circumferential direction is changed. Occurring at
θ1 = 60, 140◦, the strain ratios are 0.11 and 0.21, respectively. It was found that the larger θ1
was, the closer it was to the equi-biaxial tension, as well. Therefore, it is supposed that as
the cutout area becomes larger, the material around the cutout easily moves to the die’s
opening in the circumferential direction, as shown in Figure 2 and, as a result, the effect of
the circumferential deformation is smaller than that of the tube axial.

Figure 14 shows the strain paths of specimens with an I-type cutout. Although the
square cutout of more than approximately θ1 =140◦ tends to cause rubber leakage, the
cutout area can increase at the corner in the circumferential direction without rubber
leakage using the I-type cutout. Considering the case of θ2 = 170◦, the strain ratio was 0.67,
which was larger than the 0.48 obtained by a square cutout of θ1 = 140◦. It is expected
that the strain ratio can be closer to the equi-biaxial tension via optimization of the cutout
shape, for example, θ3 or W3.
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Figure 14. Strain paths of specimen with an I-type cutout.

Figure 15 shows the strain paths of specimens with slits. The strain ratios defined by
this paper for slit sizes of θ4 = 90◦, 120◦, and 150◦ are –0.12, −0.11, and –0.14, respectively.
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Via giving two slits on the tube, the strain ratio is closer to the uniaxial tension’s value,
−0.5, in comparison with the specimen without a cutout and slit. The material near the slit
seems to be moved in the tube axial direction, as shown in Figure 2. Although the larger θ4
is, the closer the strain paths look to uniaxial tension, the change is very small. Although
the region between the two slits is circumferentially elongated like the uniaxial tension test,
the circumferential ends of the region are connected to the tube. The distance between the
two slits is 48 mm and the circumferential length of the region is short, even if θ4 = 150◦.
Therefore, the circumferential ends of the region are restricted to not being shrunk in the
tube axial direction. Consequently, it is thought that the effect of the slit length on the strain
path is slight.

θ₄

−

-0.1 0 0.1 0.2 0.3 0.4
0

0.1

0.2

0.3

0.4

0.5

Axial direction strain εφ

C
irc

um
fe

re
nt

ia
l d

ire
ct

io
n 

st
ra

in
 ε

θ

 No cutout
 Slit  θ4 = 90°
 Slit  θ4 = 120°
 Slit  θ4 = 150°
 Equi－biaxial

               tension

θ4

0.2 mm

24 mm

Figure 15. Strain paths of specimen with slits.

Regarding cases of a cutout, the end of each strain path is different from the biaxial
test results of the metal sheet, as well. Concerning this paper, the strain ratio is defined
by an average of the strain calculated from the distance between two markers, except for
the fractured position. The distance is subjected to the effect of the local circumferential
elongation at the fracture and it is guessed that despite the near stain path, the periods of
the strain path end may be quite different. Evidently, although this phenomenon occurs
in the case of the metal sheet, the tubes produced using porthole extrusion have a strong
inhomogeneity in the circumferential direction and the deviation of the strain on both sides
of the fracture is very large. To obtain the forming limit for the metal tubes, it is desired
that the deformation behavior, and how to decide the forming limit, will be clarified by
continuous research using a 3-D DIC system.

4. Conclusions

A local one-sided rubber bulging testing method was proposed to measure propor-
tional strain paths in the right and left side of the strain space. To obtain the various strain
paths in the biaxial deformation of the tube axial and circumferential directions, a cutout
was preprocessed in the tubal specimen at the opposite side of the bulged surface, and
slits also were made beforehand in the vicinity of the bulged surface in the tube axial
direction. The size and shape of them were changed and we examined the effect of these
on the strain paths. The testing method was applied to an annealed pure aluminum tube
of A1070TD, and we confirmed that all measured strain paths almost were proportional.
Logically, using the proposed testing method, some strain paths with strain ratios from
−0.14 to 0.67 were obtained using tubular specimens. A larger cutout resulted in a strain
path that was closer to the equi-biaxial strain path, and a larger slit resulted in a strain path
that was closer to the uniaxial strain path. Although, at present, the forming limit on each
strain path is roughly specified from imaging processing, the specification method is the
next research stage.
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Abstract: Hydro-joining is composed of hydro-piercing, hole flanging and nut-inlaying processes. In

this study, a new hydro-flanging process combining hydro-piercing and hydro-flanging is proposed.

An internal pressured fluid is used as the supporting medium instead of a rigid die. Three kinds of

punch head shapes are designed to explore the thickness distribution of the flanged tube and the

fluid leakage effects between the punch head and the flanged tube in the hydro-flanging process. A

finite element code DEFORM 3D is used to simulate the tube material deformation behavior and

to investigate the formability of the hydro-flanging processes of aluminum alloy tubes. The effects

of various forming parameters, such as punch shapes, internal pressure, die hole diameter, etc., on

the hydro-flanged tube thickness distributions are discussed. Hydro-flanging experiments are also

carried out. The die hole radius is designed to make the maximum internal forming pressure needed

smaller than 70 MPa, so that a general hydraulic power unit can be used to implement the proposed

hole flanging experiments. The flanged thickness distributions are compared with simulation results

to verify the validity of the proposed models and the designed punch head shapes.

Keywords: tube hydroforming; hydro-flanging; punch head shape; finite element analysis;

alumimum alloy

1. Introduction

Nowadays, energy saving and carbon dioxide reduction have become important
issues in the world, especially in aerospace and transportation fields. Tube hydroforming
(THF) processes have been applied to manufacture lightweight parts in various fields, such
as bicycles, automobiles and aerospace industries. Compared with conventional metal
forming processes, tube hydroforming has some merits, such as reductions in workpiece
cost, tool cost and product weight. THF can also improve structural stability and increase
strength and stiffness of the formed parts, such as front and rear axles, exhaust system
components, body frames, etc. [1,2] Recently, tube hydroforming processes sometimes
incorporate piercing, flanging, or joining processes to become hydro-piercing, hydro-
flanging, or hydro-joining, which are more efficient compared with a single process and
can reduce the total weight of the final product.

Some research concerning hydro-piercing and hydro-flanging processes of sheets
or tubes have been presented. For example, Fracz et al. [3] investigated the effect of
punch geometry on the sheet thickness distribution during hole-flanging process. Three
different punch geometries: cylindrical (flat-bottomed), hemispherical and conical, were
used in the experiment, as well as in numerical simulation. The results of experimental
investigations were compared with the FE simulation results. Kacem et al. [4] used a
conical punch to characterize and predict numerically the limits of the hole flanging
process arising from material failure for two different aluminum sheets. Then, a fracture
criterion based on local strain measures in tension has been identified for both materials.
Finally, numerical predictions of the strain limits obtained from successful parts were
compared to experimental results. Liu et al. [5] proposed a new hybrid technology of hole

53



Metals 2021, 11, 636

hydro-piercing-flanging processes. The influence of punch shape on geometrical profile
and quality of holes was investigated by experiments and simulations using a punch of
different shapes at the transition zone. The results showed that the geometrical dimensions
of the roll-over depth, straight-ring zone height and thickness distributions varied with
punch shapes. Finally, the mechanism of hydro-piercing-flanging process affected by the
punch shape was clarified from the stress and strain distributions by the finite element
analysis.

Thipprakmas et al. [6] proposed a fine blanked-hole (FB-hole) flanging process to
investigate the deformation of a sheet by the finite element method. The FE simulation
results of the flanged shapes were compared with experimental results and good agreement
was found. The results verified that the FB-hole flanging process resulted in better-flanged
shapes and flangeability than those obtained by the conventional-hole flanging process.
Mizumura et al. [7] investigated the influence of internal pressure on hydro-burring after
hydro-piercing of steel tubes. They found internal pressures during hydro-burring have
large effects on the formability of burring processes. The hydroformed component can
be joined to another part with the thread tapped at the hydro-burring portion. However,
it is difficult to tap thin-ring parted tubes. Therefore, they also developed a new nut-
inlaying method in a hydroformed component, by which thin-ring parted hydroformed
components can also be joined to other parts using this nut-inlaying method. Mizumura
et al. [8] developed a method of hydro-burring, wherein a hole made by hydro-piercing was
expanded while the internal pressure was maintained. It became possible to join formed
parts to others with bolts by tapping screw threads to the hole or inlaying a nut there. Choi
et al. [9] analyzed the tube deformation behavior surrounding a hole produced by a hydro-
piercing process. They investigated both experimentally and analytically the relationship
between the deformation radius and the roll-over under different punch diameters and
internal pressures.

One of the present authors has published a series of works related to tube hydroform-
ing processes [10–12]. For example, Hwang and Wu [10] proposed a compound forming
process including crushing, hydroforming and calibration, for hydroforming a rectangular
cross-sectional tube of aluminum alloys A6061-O. Using the proposed compound forming
processes and an appropriate loading path, a uniform thickness distribution in the formed
tube, a lower internal pressure and a smaller clamping force were obtained compared with
the tradition hydroforming process. Hwang et al. [11] used finite element simulations
and experiments to investigate the effects of punch shape and various parameters such as
punch strokes, internal pressures, etc., on the pierced hole surface characteristics in a tube
hydro-piercing process of SPFC590Y carbon steel tubes. The deformation mechanisms for
obtaining a better surface characteristic were also discussed. Hwang and Tsai [12] proposed
a tube hydroforming process with a novel movable die concept and loading path design
to manufacture irregular bellows with small thinning ratios in the formed product. Two
kinds of feeding types were proposed to make the maximal thinning ratio in the formed
bellows as small as possible. A finite element simulation software “DEFORM 3D” was used
to analyze the plastic deformation of the tube within the die cavity using the proposed
movable die design. Using the movable die design with an appropriate die gap width, the
internal forming pressure needed can be reduced to only one-sixth of the internal pressure
needed without the movable die design.

Park et al. [13] proposed an advanced sealing system to prevent fluid leakage during
the hydroforming process. The advanced sealing system was composed of a die spring,
cylindrical sleeve and punch with end fillet. With the proposed sealing system, the circum-
ference of the tube end became more tightly sealed by the axial pressure between the punch
and sleeve and the axial pressure increased with increasing axial feeding. The feasibility
of the proposed sealing system was experimentally confirmed by hydroforming a non-
axisymmetric complicated part. Yu et al. [14] introduced a quantitative method to evaluate
effects of crack size and material anisotropy on edge stretchability with an index of effective
failure strain ratio during punching of sheet metals. Numerical studies were conducted to
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investigate the interaction effect of cracks and anisotropy on the edge stretchability during
hole stretching. The results showed that cracks are prone to appearing along the direction
with the lowest r-value within the sheet plate. Punching and hole-expansion experiments
using Dual Phase steel were conducted to validate the conclusions. Kumar et al. [15] used
finite element simulations and experiments to investigate the effect of punch head profiles
on deformation behavior of AA5052 alloy sheet in stretch-flanging processes. Six different
punch geometries were used. The simulative and experimental results showed that the
circumferential strain, radial strain and punching load are minimum with a hemispherical
punch profile as compared to other punch profiles.

Material behavior modellings influence the design of processes, tools and the final
products in metal forming or machining processes. Dixit et al. [16] presented a compre-
hensive review of various approaches of material behavior modellings. Metal forming
processes, traditional machining processes and non-traditional machining processes were
all considered in this review paper. Different material models were compared with respect
to their suitability for the design of processes, tools and products. Del Pozo et al. [17] pro-
posed a methodological scheme for a reduction of both the try-out and lead-time of complex
dies. From the finite element simulation of the press/tool deflection during the stamping
process, the best design of high-cost dies/punches was recommended. Fernández-Abia
et al. [18] proposed a mechanistic model for cutting force prediction. The effect of the edge
force due to the rounded cutting edge was also considered in their model. In addition, a
set of machining tests were carried out to obtain the specific force coefficients expressions
for austenitic stainless steels using the mechanistic approach at high cutting speeds. The
results were validated by comparing the values estimated by the model with the ones
obtained by experimentation.

The present authors have proposed a punch design concept in hydro-reaming and
hydro-flanging of aluminum alloy tube [19]. In this study, a new hybrid forming process
combining hydro-piercing and hydro-flanging of a tube is proposed. The formability of a
round hole flanging process of aluminum alloy A6063 tubes is investigated numerically
and experimentally. The effects of punch geometries, die hole radius and internal pressure
on the formability of the hydro-flanging process and the tube thickness distributions at the
ring zone after hydro-flanging are discussed. The forming conditions for obtaining sound
product with a ring zone over 3 mm thick and without oil leakage at the interface between
the tube and punch are also explored.

2. Finite Element Modelling

2.1. Geometric Configurations during Hydro-Flanging

The specimens for the tensile test were cut using wire-cutting directly from the alu-
minum alloy tube in the longitudinal direction with the ASTM standard dimensions [20].
Then, tensile tests were conducted at constant strain rates of 0.1 and 0.01 s−1 at room
temperature using an INSTRON universal testing machine. After the tensile tests, the
recorded loads and elongations of the specimens were transferred into true stresses and
true strains, respectively, as shown in Figure 1. The yielding stress with the 0.2% offset
method is about 40 MPa. At small strains, the two curves almost overlap, whereas at large
strains, there is about a 2% difference in the flow stresses. The flow stresses at the two
different strain rates are adopted in the finite element simulations.

The geometric configurations between the tube, punch and die before a hydro-flanging
process are shown in Figure 2. The outer surface of a tube is supported by a die with a hole,
through which a punch is moved forward to implement piering and flanging processes.
The inside of the tube is filled with a high pressure fluid, acted as a supporting media to
increase the process formability and make the formed product shape and dimensions meet
the requirements as can as possible.
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Figure 1. Stress-strain curves of aluminum alloy tube A6063.

ρ

ρ
ρ

Figure 2. Geometric configurations of tube, die and punch in hydro-flanging.

The whole hydro-flanging process is divided into two stages: (1) free bulging and
(2) hole flanging, as shown in Figure 3a,b, respectively, where rh and rp are the radii of
the die hole and the punch head, respectively. Pi is the internal pressure, R is the die fillet
radius, t is tube thickness and Hp is the height of the punch head. In Figure 3a, as the tube
is bulged upward with a distance Hb in z direction, the punch starts to move downward to
implement hole flanging stage, as shown in Figure 3b. t0, t1 and t2 are the thicknesses of the
flanging region at positions of s0, s1 and s2, respectively, which correspond to z coordinates
of z0, z1 and z2, respectively. If the punch fillet radius ρ (shown in Figure 3a) and other
forming conditions are not appropriately set, the thickness t0 at the tip of the punch head
(zone A) becomes close to that at zone B and the tube breakage probably occurs in zone
B. The punch head shape is an important factor influencing the position of tube breakage
greatly. The punch head aspect ratio is defined as Hp/rp, which is related with the punch
fillet radius ρ. As rp is set as 3.45 mm, then three different punch heights of Hp = 4, 4.5 and
5 mm will correspond to three different punch fillet radii of ρ = 4.04, 4.68 and 5.41 mm,
respectively.
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(a) (b) 

Figure 3. Schematic diagrams in different stages. (a) Free bulging stage; (b) Hole flanging stage.

2.2. Finite Element Simulations in Hydro-Flanging

Table 1 shows the forming conditions used in the finite element simulations in hole
hydro-flanging processes. The aluminum alloy A6063 tube is set as an elasto-plastic
material, whereas die and punch are set as rigid body in the finite element simulations. The
tube outer diameter d0 is 50.8 mm and the initial thickness t is 3 mm. Three punch heights
of 4, 4.5 and 5 mm are designed. Three die hole radii rh are 3.5 mm, 5 mm and 6.5 mm.
Three internal pressures of 30, 50 and 70 MPa are selected. The forming temperature is set
as 25 ◦C. The die fillet radius is set as 0.2 mm.

The loading paths of internal pressure and punch positions for free bulging and
flanging stages are shown in Figure 4. At stage 1, the internal pressure is increased from 0
to Pi1. At stage 2, the punch starts to move downward to implement flanging stage with
punch speed of 1 mm/s.

Table 1. Forming conditions used in finite element simulations.

Object Dimension or Property

Tube material A6063-T0 (Elasto-plastic)
Tube outer diameter d0 (mm) 50.8
Tube initial thickness t (mm) 3

Punch material Rigid
Punch radius rp (mm) 3.45

Punch head height Hp (mm) 4.5

Die material Rigid
Die inner diameter (mm) 50.8
Die hole radius rh (mm) 3.5

Internal pressure Pi (MPa) 50

Temperature (◦C) 25
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Figure 4. Loading path for internal pressurization and punch position.

An implicit and static FE code “DEFORM 3D” was adopted to analyze the plastic
deformation pattern of an aluminum alloy tube during hydro-flanging processes. The
finite element code is based on the flow formulation approach using an updated Lagrange
procedure. At first, the geometries of the objects are constructed using a commercial
software Solidworks. Then, DEFORM 3D is used to implement the simulation of hydro-
flanging processes. The punch and die are regarded as rigid bodies and the tube is
elasto-plastic. The flow stresses of the tube material are considered as a function of strain
and strain rate. The stress-strain curves at strain rates of 0.1 and 0.01 s−1 shown in Figure 1
were input in the finite element modelling. The coulomb friction model was adopted at the
interfaces between the tube and the punch head and the die. For a dry friction interface, the
friction coefficients are usually assumed as 0.1–0.2. Because of different surface roughness
at the punch head and the die, friction coefficients of 0.15 and 0.2 were assumed for the
interfaces in contact with the punch and tube, respectively. The constant shear friction
model is usually adopted at the contact surfaces in warm forming or hot forming processes
for avoiding overestimate in the friction stresses. The length of the tube is 60 mm. Due to
symmetry on the left-right and front-back side, only one quarter of the objects was adopted
in the simulations to save the simulation time. One quarter of the tube having totally about
50,000 elements is divided into three zones, which have different element size ratios, set as
0.2, 0.4 and 1 for zones I, II and III, respectively, as shown in Figure 5a. The tube material in
zone I just below the punch head will undergo severest plastic deformation; thus, a smallest
element size ratio was set in this region. It is known that there are over ten layers of meshes
in zones I and II in the thickness direction of the tube. The mesh configurations before and
after hydro-flanging are shown in Figure 5b,c, respectively. The effects of various forming
conditions on the thickness distributions at the flanging region and the punch force will be
discussed in the next section.

Convergence analyses for simulation results were implemented to understand the
ranges of the simulation result errors. Finite element simulations with different total
element numbers were conducted. The effects of total element number on the maximal
punch force during hydro-flanging processes are shown in Figure 6. Clearly, the relative
differences in the maximal punch forces decrease to within 0.5% as the total element number
increases to 40,000 elements. Accordingly, approximately 50,000 tetrahedron elements were
set for the tube object in the following finite element simulations.
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(a) 

  

(b) (c) 

Figure 5. Mesh configurations before and after hydro-flanging. (a) Element size ratios of 0.2, 0.4 and 1 for zones I, II and III,
respectively; (b) Before forming; (c) After forming.

Figure 6. Effects of total element number on maximal punch forces.
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3. Simulation Results and Discussion

3.1. Thickness Distributions at Flanging Region

It is important to obtain a thick and long ring zone after hydro-flanging processes
for subsequent nut-laying processes. In order to achieve this objective, the tube is first
bulged up in the free bulging stage with a distance of Hb to fill the hole vacancy, which
can increase the thickness at the ring zone after the flanging stage. Secondly, the forming
conditions in the flanging stage, especially the punch shape is designed to make the
thickness distributions at the flanging region with t2 > t1 > t0. In this way, the fracture
position of the tube occurs at the bottom of the punch head, which can make the ring
zone become thicker and longer eventually. If the thickness distribution is t2 > t0 > t1, or
t0 > t2 > t1, fracture will probably occur in zone B and the fluid sealing function between
the punch head and flanging region may fail. For the case of t2 > t1 > t0 at the flanging
region, fracture probably occurs at the bottom of the punch head (zone A) and due to the
elastic recovery of the tube at the flanging region and the internal pressure compression,
the flanging region can stick to the punch head surface and prevent liquid leakage for an
effective sealing function.

Figure 7a,b show the simulation results of the thickness distributions with a short and
long punch head heights, respectively, at a high internal pressure of Pi = 70 MPa and a
stroke of 6.5 mm. The die hole radius is rh = 3.5 mm, slightly larger than the punch radius
rp = 3.45 mm. From Figure 7a, it can be seen that the thickness of flanging region is quite
uniform and there is a small gap or roll-over of hg = 0.4 mm. Fracture probably occurs at
zone B, as the punch moves downward further. That is because the downward drawing
force from the surface friction between the tube and punch is quite large, which makes the
material close to the lower punch head is pulled downward by the punch. Meanwhile, the
tube material close to the upper punch head is pushed up by the high internal pressure.
These two effects cause the material in zone B to elongate and, finally, fracture occurs
at zone B. Figure 7b shows the effects of a longer punch (Hp = 5 mm) on the thickness
distribution at the flanging region. Clearly, the thickness t0 at the bottom of flanging region
is thinnest and even necking occurred there. The thickness t2 close to the upper punch head
is much larger than t0. If the punch moves downward further, fracturing will happen at the
bottom of the punch head (zone A). That is because a sharp punch head makes the tube
material more easily to flow upward and make the tube thicker close to the upper punch
head. Accordingly, the thickness ratio of t2/t0 is an important factor for predicting the
occurrence of fracturing within zone A or zone B. On the other hand, in Figure 7b, the gap
or roll-over is almost zero, because of the high internal pressure pushing the tube upward
to contact with the die tightly. A longer ring zone with a smaller roll-over is beneficial for
subsequent nut-inlaying processes.

Table 2 shows thickness distributions at the flanging region for different punch heights
and internal pressures. Figure 8 shows the effects of punch height Hp and internal pressure
Pi on the thickness ratio t2/t0 at the flanging region at a punch stroke of 5 mm. As stated
earlier, the thickness ratio of t2/t0 is the larger the better. A larger t2/t0 can make the
fracture occurring at the bottom of the flanging region, have a good sealing effect and
obtain a longer ring zone. From Figure 8, it is known that the thickness ratios t2/t0 obtained
with a larger punch height (an acute punch head) are larger than those using a smaller
punch height (a blunt punch head), which means an acute punch head is helpful for
obtaining a longer ring zone. As Hp = 5 mm, a larger internal pressure can increase the
thickness ratio, whereas, as Hp = 4 mm, a larger internal pressure decreases the thickness
ratio. It can be concluded that among the 9 cases, Hp = 5 mm and Pi = 70 MPa are better
conditions to obtain a thick and long ring zone after hydro-flanging. The mechanism for an
acute or sharp punch head that can obtain a better ring zone is explained in the following
figures.
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(a) (b) 

Figure 7. Hydro-flanging results for different punch head heights at Pi = 70 MPa. (a) Hp = 4 mm; (b)
Hp = 5 mm.

From Figure 8, it is known that the internal pressure slightly influences the thickness
ratio, whereas the punch head height influences the thickness ratio significantly. In order
to obtain the desired thickness ratio or deforming shape of the flanging region, punch
shape design is more effective than internal pressure design. The relationships between the
forming conditions and the thickness ratio or the gap height are quite complicated. For
example, in Figure 8, the tendency of the effects of the internal pressure on the thickness
ratio is different for different punch head heights. From the simulation results obtained
in this paper, it is difficult to propose an empirical equation to present the relationships
between the forming conditions and the thickness ratio or the gap height. In the future, a
more detailed plan for selections of various forming parameters will be carried out to obtain
more detailed simulation results and then some empirical equations can be proposed.

Table 2. Thickness distributions at flanging region for different punch head heights and internal
pressures.

Punch
Height (Hp)

Internal
Pressure (Pi)

t2

(Z2 = 2.5 mm)
t1

(Z1 = 3.75 mm)
t0

(Z0 = 5 mm)
t2/t0

4 mm
30 MPa 1.918 1.750 1.549 1.238
50 MPa 1.686 1.627 1.420 1.187
70 MPa 1.523 1.608 1.456 1.046

4.5 mm
30 MPa 2.076 1.664 1.206 1.721
50 MPa 1.842 1.600 1.100 1.675
70 MPa 1.760 1.563 1.031 1.707

5 mm
30 MPa 2.117 1.669 0.990 2.138
50 MPa 1.932 1.597 0.876 2.205
70 MPa 1.846 1.545 0.810 2.279
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Figure 8. Effects of punch height and internal pressure on thickness ratio at zone B.

Figure 9 shows the effects of internal pressures on the roll-over or gap height with a
blunt punch head of Hp = 4 mm and a large die hole radius of rh = 6.5 mm. In Figure 9a, at
a lower internal pressure, a thicker flanging region and a larger gap hg = 1.0 are obtained.
Meanwhile, at a higher internal pressure in Figure 9c, a thinner flanging region and a
negative gap height hg = −0.44 mm are obtained. At a lower internal pressure, the tube
material is pulled downward by the blunt punch head, which results in a thicker flanging
region and a positive gap height. At a higher internal pressure, the tube material is bulged
upward, which results in a thinner flanging region and a negative gap height. At an
intermediate internal pressure of Pi = 50 MPa, shown in Figure 9b, an almost zero gap
height is obtained, which geometry is beneficial for subsequent inlaying joining processes.

 

(a) (b) (c) 

Figure 9. Effects of internal pressure on gap height with larger die hole radius. (a) Pi = 30 MPa; (b) Pi = 50 MPa;
(c) Pi = 70 MPa.

Figure 10 shows the effects of die hole radius on the roll-over or gap height with a
blunt punch head of Hp = 4 mm and an internal pressure of Pi = 50 MPa. It can be seen
from the figure that as the die hole radius rh increases, much more tube materials can be
raised by the internal pressure to the hole cavity of the die and a smaller roll-over or gap is
obtained. However, if the internal pressure is larger than 50 MPa, the gap height hg may
become negative, which is not beneficial for subsequent inlaying processes. The target of
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this hydro-flanging process is obtaining a zero-gap height (hg = 0) and making the ring
zone as thick as possible.

 

Figure 10. Effects of die hole radius on gap height under P  = 50 MPa. 
Figure 10. Effects of die hole radius on gap height under Pi = 50 MPa.

3.2. Punch Load Variations

Figure 11 shows the punch load variations with different punch height Hp at Pi = 50 MPa
and rh = 5 mm. The punch load is determined by the punch contact area and the tube
thickness at the flanging region. At the early stage, the punch contact area increases with
the punch stroke; thus, the punch load increases with the stroke. As the stroke reaches
about 4~5 mm, the whole punch head surface is in contact with the tube. After that, the
tube at the flanging region continuously becomes thinner. Accordingly, the load begins to
decrease at the late stage. For a long punch head (larger Hp), the projected area is smaller
than that obtained with a short punch head (smaller Hp) at the same stroke, thus, a smaller
punch load is obtained with a larger Hp. The stroke corresponding to the peak value
with a larger Hp occurs later, that is because the whole contact surface at the punch head
reaches the maximum at a later moment compared with a smaller Hp. At the final stage,
the fracture point with Hp = 5 mm occurs at the bottom of the flanging region (zone A),
whereas the fracture point with Hp = 4.5 mm occurs at the middle of the flanging region
(zone B). The average thickness with Hp = 5 mm is thicker than that with Hp = 4.5 mm,
thus, the punch load at the fracture point with Hp = 5 mm is slightly larger than that with
Hp = 4.5 mm.

 

Figure 11. Punch load variations for different punch heights.

Figure 12 shows the punch load variations for different internal pressures Pi at
Hp = 4.5 mm and rh = 5 mm. Clearly, the punch load increases with the internal pressure,
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because a larger punch load is needed to counterbalance the internal pressure imposed on
the tube inner surface. At a higher pressure, more tube material is pushed up and more
tube material is in contact with the punch head; thus, the punch load reaches its peak value
earlier than that at a lower pressure.

 

Figure 12. Punch load variations for different internal pressures.

4. Experiments of Hydro-Flanging of Aluminum Alloy Tubes

Aluminum alloy tubes A6063 were annealed before hydro-flanging experiments. The
annealing temperature was kept at 420 ◦C for 3 h, then reduced at a cooling rate of 30 ◦C/h
until 260 ◦C and, finally, cooled down to room temperature naturally. Figure 13 is the
cross-sectional drawing of the die set for hydro-flanging experiments. Table 3 is the list of
the components used in the die set. A tube (1) was first put into the die cavity and then
2 nuts (9) was screwed to pull two mandrels (4) backward. Two rubber rings (6) were
squeezed by the mandrels (4) and two steel rings (5) to dilate laterally to achieve oil sealing
functions.

 

Figure 13. Cross sectional drawing of die set for hydro-flanging.
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Table 3. List of die components.

No. Component No. Component

1 Aluminum tube 7 Punch
2 Lower Die 8 Positioning pin
3 Upper Die 9 Nut (M30)
4 Mandrel 10 Screw (M12)
5 Steel ring 11 Screw (M6)
6 Rubber ring 12 Hose connector

Figure 14 shows the main apparatus used in the hydro-flanging experiments. A
universal testing machine was used to control the punch movement. A hydraulic system
was used to supply oil source and a booster cylinder was designed to make the output
pressure reach as high as 100 MPa. The die set, shown in Figure 15, was positioned on
the working table of the universal test machine. After the tube was pressurized to the set
value, the punch controlled by the universal testing machine started to move downward to
implement hydro-flanging experiments. The main purpose of hydro-flanging experiments
is to validate the finite element modelling and the punch head shape design concept. Thus,
only different internal pressures and punch head shapes were planned for the experiments.
The dimensions of the tube, punch and die, such as the tube diameter, punch radius and
die hole radius, were so chosen that the maximal internal pressure needed is smaller than
70 MPa, which is the safe capacity of the hydraulic power system used.

 

Figure 14. Main apparatus for hydro-flanging experiments.

 

Figure 15. Appearance of die set and punch.
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4.1. Experimental Results of Hydro-Flanging Processes

Table 4 shows the appearance of the hydro-flanged tubes and cross-sections at flanged
regions under different internal pressures. The punch head height is Hp = 4 mm, the punch
head radius is rp = 3.45 mm and die hole radius is rh = 3.5 mm. In case 1 (Pi = 0 MPa),
fracture occurred at the bottom of the flanging region (zone A) and the aluminum alloy
tube was pierced through by the punch with a large roll-over at a stroke of 15.6 mm. As the
internal pressure increases, the roll-over or the gap height hg decreases and the thickness
at the ring zone increases. However, at Pi = 50 MPa and a stroke of 8 mm in case 4, necking
occurs in zone B. As the internal pressure increases to 70 MPa in case 5, the flanging region
broken in zone B separates completely from the ring zone. Generally speaking, the results
in case 5 with a smaller roll-over and a about 3.4 mm-thick ring zone are beneficial for the
subsequent inlaying process.

Table 4. Appearances of hydro-flanged tubes and cross-sections at flanged regions under different internal pressures.

Forming Conditions Product Appearance Cross-Sectional Appearance

Case 1
Pi = 0 MPa

Stroke = 15.6 mm
  

Case 2
Pi = 30 MPa

Stroke = 7 mm
  

Case 3
Pi = 50 MPa

Stroke = 7 mm
  

Case 4
Pi = 50 MPa

Stroke = 8 mm
  

Case 5
Pi = 70 MPa

Stroke = 8 mm
  

Figure 16 shows the experimental punch load variations for different internal pressures
under Hp = 4 mm and rh = 3.5 mm. It can be seen that the punch load increases significantly
with the increase of internal pressure and the maximal load occurs earlier at a higher
pressure. As the internal pressure is 70 MPa, the maximum punch load occurring at a
stroke of 5.3 mm is about 11.4 kN. As the internal pressure is 50 MPa, the maximum punch
load occurring at a stroke of 6.2 mm is about 9.1 kN. For Pi = 30 MPa, at a stroke of 7 mm,
the punch load has not reached the maximal value yet.
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Figure 16. Experimental punch load variations for different internal pressures.

4.2. Comparisons of Simulative and Experimental Results

Table 5 shows the comparisons of thickness distributions at the flanging region be-
tween simulations and experiments. The punch height is fixed as Hp = 4 mm, the die
hole radius is rh = 3.5 mm and the stroke is 7 mm. It can be seen from the table that
as the internal pressure increases, both the simulative and experimental thicknesses de-
crease. Generally, the differences between the simulation and experimental thicknesses
were within 20%. The predicted fracture or necking positions were consistent with the
simulation results. For Pi = 30 MPa, if the punch moves downward further, fracture occurs
in zone B as shown in Figure 17. For Pi = 50 MPa, necking occurs in zone B as shown in
Figure 18. The Normalized Cockcroft and Latham (NCL) ductile fracture criterion [21] was
used to determine if the tube material reaches the fracture condition and the corresponding
element is removed. The critical damage value was obtained by comparing the elongation
and loading curve between the FE simulations and the real tensile tests. The obtained
critical damage value for aluminum alloy A6063 is 0.63. The simulation result in Figure 17b
showing tube fracture at the upper flanging region was obtained according to the NCL
criterion adopted in “DEFORM3D” software.

Figure 19 shows the comparisons of the simulative and experimental punch load
variations during hydro-flanging processes under Hp = 4 mm and rh = 3.5 mm. The
coefficient of friction used in the finite element simulations was µ = 0.3, because a lot
of new surface of the aluminum alloy tube generated at the flanging region during the
hydro-flanging processes. It can be seen that the punch load increases with increasing
internal pressures. For internal pressures of Pi = 30 MPa and 50 MPa, the simulative
maximum loads are almost the same as the experimental values. For internal pressure of
Pi = 70 MPa, some deviation of about 10% exists between the simulative and experimental
maximal punch loads. For the maximal loads, generally the simulative values are close to
the experimental data within an error of 10%. However, the forming moments or punch
strokes corresponding to the maximal loads in the experiments occurred slightly later
compared with the simulations. The reasons for the delay are probably because of the
elastic deformation of the die and the compressibility of the hydraulic oil. During the
finite element simulations, the punch and die were all assumed as rigid bodies and the
compressibility of fluid media was not considered. During hydro-flanging, the load usually
increases at the early stage and decreases at the late stage. A maximal value occurs as the
whole punch head surface is in contact with the tube, as shown in Figures 11 and 12. For
internal pressure of Pi = 30 MPa in the experiments, because of the delayed response of the
load variation, the late stage for the decreasing period did not appear on the curve for the
experiments with Pi = 30 MPa.
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Table 5. Comparisons of thickness distributions at flanging region between simulation and experiment.

Hp = 4 mm Simulation Experiment Difference

rh Z 30 MPa 50 MPa 30 MPa 50 MPa 30 MPa 50 MPa

3.5 mm

t2 (z2 = 2.5 mm) 1.65 1.22 1.79 1.58 −7.82% −22.7%

t1 (z1 = 3.75 mm) 1.43 1.27 1.51 1.41 −5.29% −9.93%

t0 (z0 = 5 mm) 1.13 1.12 1.26 1.20 −10.3% −6.67%

t2/t0 1.46 1.089 1.421 1.345 2.74% −19.0%

− −
− −
− −

−

  

(a) (b) 

Figure 17. Cross-sectional configurations after hydro-flanging at Pi = 30 MPa. (a) Experiment; (b)
Simulation.

− −
− −
− −

−

  

(a) (b) 

Figure 18. Cross-sectional configurations after hydro-flanging at Pi = 50 MPa. (a) Experiment; (b)
Simulation.

 

 

 

 

 

  

Figure 19. Simulative and experimental punch load variations during hydro-flanging.
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5. Conclusions

In this study, a new hydro-flanging process was proposed to investigate the plastic
deformation pattern of an aluminum alloy tube at the flanging region. A series of finite
element simulations and experiments of hydro-flanging processes were carried out and
some conclusions can be drawn as below:

(1) As the internal pressure increased, the thickness of the tube at the bottom of the punch
head became thinner. At a higher internal pressure, the tube was bulged up and,
hence, the thickness close to the ring zone became thicker and that under the punch
head became thinner.

(2) A short blunt punch head made the thickness distribution more uniform and the
thickness t2/t0 ratio was close to unity, which was more likely to result in fracture in
zone B. If a long punch head was used instead, t2/t0 became larger, fracture would
probably occur at zone A at the bottom of the punch head.

(3) The change of punch hole radius rh at a lower pressure did not affect the thicknesses
at the flanging region; however, at a higher pressure of 70 MPa, the thicknesses
decreased obviously as rh increased.

(4) The simulation results of thickness distributions and maximum punch loads were
generally the same as the experimental results. Under a high internal pressure and a
short blunt punch head, fracture was more likely to occur in zone B.

In this paper, the thickness distributions at the flanging region affected by the punch
head shapes and internal pressures or loading paths were systematically discussed. In the
future, bonding forces or holding forces of the inlaid nut from the ring zone for various
hydro-flanged ring zone shapes during a nut hydro-inlaying process will be investigated.
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Abstract: The present paper describes a tube drawing method with diameter expansion, which is
herein referred to as “expansion drawing”, for effectively producing thin-walled tube. In the proposed
method, the tube end is flared by pushing a plug into the tube, and the tube is then expanded by
drawing the plug in the axial direction while the flared end is chucked. The forming characteristics
and effectiveness of the proposed method were investigated through a series of finite element
method (FEM) analyses and experiments. As a result of FEM analysis, the expansion drawing
effectively reduced the tube thickness with a smaller axial load when compared with the conventional
method. According to the experimental results, the thin-walled tube was produced successfully by
the expansion drawing. Maximum thickness reduction ratios for a carbon steel (STKM13C) and an
aluminum alloy (AA1070) were 0.15 and 0.29 when the maximum expansion ratios were 0.23 and
0.31, respectively. The above results suggest that the proposed expansion drawing method is effective
for producing thin-walled tubes.

Keywords: drawing; flaring; tube expansion; plug drawing; thickness reduction

1. Introduction

Thin-walled tubes, which are used for various machine components, contribute to the reduction in
size and weight of various machines. The thin-walled tube is manufactured from rather thick-walled
raw tubes by multi-pass drawing, which is the conventional cold working forming process of tubes,
that determines many properties of the tube, such as residual stress [1], dimensional precision [2,3],
surface integrity [4], and strength [5]. However, many drawing passes are needed for manufacturing
very-thin-walled tubes. This is because the tube tends to fracture due to large axial load in the drawing
process when the thickness reduction is too large for one drawing pass. The production cost also
increases with the increase in the number of drawing passes.

A number of technologies were proposed for manufacturing thin-walled tubes. The spinning
process is effective for greatly reducing the tube thickness [6,7]. However, its productivity is low
due to low feed rate of the process. Pilger rolling is another method for reducing the diameter and
thickness of the tube, with an area reduction of more than 80% [8]. However, the productivity is also
low because the tube is deformed incrementally by reciprocal movement of a pair of rolls. Therefore,
an effective processing method, which realizes both effective thickness reduction and good productivity,
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should be developed. Tube expansion process is considered to be one of the methods for reducing
wall thickness. The thickness reduces due to stretching in the hoop direction because the material
deforms with constant volume. In general, tubes can be partially expanded by hydro forming or
press forming for producing components with various shapes [9,10]. In addition, the tube expansion
is also applied for joining tubes to other components [11], and for forming a well-bore tube [12].
Therefore, various fundamental studies about the tube expansion have been conducted numerically and
experimentally [13–16]. On the other hand, there is little research about the production of thin-walled
tube by expanding the whole length of the tube.

The present paper proposes a tube drawing method with diameter expansion for effectively
manufacturing thin-walled tube. Figure 1 shows a schematic diagram of the proposed method. In the
first step, the tube end is flared by pushing the plug in the axial direction, as shown in Figure 1a.
In the second step, the tube was expanded by pushing the plug while the flared end is chucked,
as shown in Figure 1b. Figure 2 compares the stress state of the tube wall during drawing with
diameter shrinkage or expansion. In the expansion drawing, the tube wall stretches biaxially in the
axial and hoop directions, and then a negative deviatoric stress in the thickness direction becomes
larger than that in the conventional drawing with diameter shrinkage. Therefore, the thickness should
be effectively reduced by resorting to a small drawing load.
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Figure 1. Schematic diagram of drawing process with diameter expansion.
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Figure 2. Stress state of tube wall during drawing with shrink and drawing with expansion.

The present study fundamentally investigated the forming characteristics and the effectiveness of
the proposed method through a series of finite element method (FEM) analyses and experiments. First,
the tube flaring was conducted, and the friction coefficient, µ, was estimated by comparing the FEM and
experimental results. Based on the results for the tube flaring, FEM analysis of the expansion drawing
was carried out to investigate the forming characteristics and the deformation mechanism, and the
proposed method was compared with the conventional method. Finally, the forming limit, thickness
reduction, ovality, and the thickness deviation were evaluated through a series of experiments.
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2. Materials and Methods

2.1. Method for Estimating Frictional Property by Tube Flaring

The friction coefficient µ between the tube and the expansion plug was investigated by comparison
of the experimental and FEM result in the flaring process. Figure 3 shows a schematic diagram of the
tube flaring experiment. One tube end was flared by pushing a conical plug, while the other end was
fixed by a holder. The flaring ratio κf was defined by the equation

κ f =
dif − di0

di0
(1)

where di0 is the initial inner diameter of the tube. Typical forming defects in this experiment were crack
and buckling, as shown in Figure 3c. The maximum flaring ratio κf_max, which indicates the flaring
limit, was defined as the maximum value of κf before the buckling or the crack occurrence. In the
experiment, a hydraulic universal testing machine was used to press the plug into the tube while the
load was measured. The inner diameter dif of the flared end was measured every time the plug was
pressed 2 mm in the axial direction, and the maximum value of dif before defect occurrence was used
to calculate the maximum flaring ratio κf_max.
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Figure 3. Schematic diagram of flaring experiment.

Figure 4 shows a schematic diagram of the FEM model for the tube flaring (FL-2D-Impl).
An elastic-plastic analysis was carried out using the commercial code “ELFEN” which was developed
by Rockfield Software Limited, Swansea, UK. The model is a two-dimensional axisymmetric model.
An implicit scheme and four-node rectangular elements were adopted. The F-bar method was applied
to the element to overcome volumetric locking [17]. In the analysis of the tube flaring, one tube end
was flared by the plug being pressed until buckling occurred or until the plug reached the fixed portion,
while the other end and the outer surface were fixed at the holder portion.
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Figure 4. Two-dimensional implicit model for flaring (FL-2D-Impl) for FEM analysis.

Table 1 shows the process conditions for the tube flaring in the FEM and the experiment. Two tube
materials were tested: a carbon steel STKM13C (Japan Industrial Standard, JIS) and an aluminum alloy
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AA1070. Table 2 shows these material properties used for FEM analysis. The Hooke’s law and the
von Mises yield criterion were adopted. The constraints were determined by the penalty function
method. Figure 5 shows effective stress σeq vs. effective plastic strain εeq curves of the tubes. Here,
the σeq–εeq curves were obtained by tensile tests, and these curves were approximated by the Swift
equation. FEM analysis was carried out under various friction coefficients µ, which ranged from 0.1 to
0.3. Here, µ between the tube and the plug was estimated by comparing the experimental flaring load
P with that of the analysis for various µ.

Table 1. Process conditions for tube flaring.

Tube

Material
Carbon Steel (STKM13C)

Aluminum Alloy (AA1070)

Initial diameter d0 (mm) 30

Initial thickness t0 (mm) 2

Initial length l0 (mm) 200

Initial flared length lf0 (mm) 100

Element size for flaring region (FEM)
8 elements in thickness

0.5 mm/div along the z axis

Expansion plug
Material

SKD11 (Experiment)
Rigid (FEM)

Half angle αep (◦) 12

Lubricant (Experiment)
Stamping and Forming Lubricant G-3344

(Nihon Kohsakuyu Co., Ltd., Minato-ku, Japan)

Friction coefficient µ (FEM) 0.1–0.3

Table 2. Material properties of tube materials (FEM).

Property STKM13C AA1070

Young’s modulus (GPa) 200 66

Poisson ratio 0.3 0.34

Yield stress (MPa) 637 88

Swift equation σeq = F(εeq + ε0)n σeq = 725(εeq + 0.0032)0.023 σeq = 121(εeq + 0.0013)0.048
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Figure 5. Effective stress σeq vs. effective plastic strain εeq curves of STKM13C and AA1070.

2.2. Expansion Drawing Method and Conditions

FEM analysis of the drawing process was carried out in order to investigate the effectiveness of the
proposed method over the conventional method. In addition, expansion drawing experiments were
performed and the results were compared with those from FEM analysis. Figure 6 shows schematic
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diagrams of the FEM models for the drawing processes. Two-dimensional axisymmetric models,
which are shown in Figure 6a,b, were used to compare the characteristics of the proposed method to
those of the conventional drawing method with diameter shrinkage. An implicit scheme and four-node
rectangular elements were adopted for the two-dimensional models. The F-bar method was applied
to the element to overcome volumetric locking [9]. In expansion drawing analysis using the model
(FD-2D-Impl), the expansion plug was displaced in the axial direction while fixing one tube end,
as shown in Figure 6a. Analysis of plug drawing, which is the conventional method, was carried
out using the model (PD-2D-Impl), as shown in Figure 6b. In this model, both the die and the plug
were displaced in the axial direction, promoting the tube thickness reduction by ironing between
the die and the plug. The target thickness g was controlled by changing the plug diameter dp while
the die diameter dd was constant. In addition, a three-dimensional model (FD-3D-Expl), which is
shown in Figure 6c, was used to consider the effect of initial thickness deviation in expansion drawing.
An explicit scheme and eight-node hexahedral elements were adopted. The thickness deviation was
reproduced by changing the center of axis of the outer surface in the x direction as compared to that of
the inner surface.

 

 

κ
η ω λ κ η

ω λ

κ  =  −

Figure 6. FEM models for drawing processes.

Figure 7 shows a schematic diagram of the experiment for the expansion drawing. Tubes having
ends that were previously flared were used in this experiment. The flared portion was chucked, and the
plug was drawn in the tube axial direction using a hydraulic cylinder. Expansion ratio κd, thickness
change ratio η, ovality ratio ω, and thickness deviation ratio λwere evaluated. Here, κd, η, ω, and λ
were defined by the following equations:

κd =
dep − di0

di0
(2)

η =
t− t0

t0
(3)

ω =
dmax − dmin

dave
(4)
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λ =
tmax − tmin

tave
(5)

where dep is the plug diameter, di0 is the initial tube inner diameter, and t0 and t are the tube thicknesses
before and after the drawing, respectively. Here, dmax, tmax, dmin, tmin, dave, and tave are, respectively,
the maximum, minimum, and averaged values of the diameter and the thickness in the hoop direction
at one cross section. Figure 8 shows the measurement position of t in this experiment. t was
measured at 45◦ intervals in the hoop direction and 10 mm intervals in the axial direction by using an
ultrasonic thickness gauge “ECHOMETER 1061” which was produced by Nihon Matech Corporation,
Shinjuku-ku, Japan.
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Table 3 shows the conditions of the drawing processes. The materials properties were the same
as those in the flaring analysis, which were shown in Table 2 and Figure 5. In expansion drawing,
the plug diameter, dep, was varied in order to control the tube thickness t. In the plug drawing, t was
controlled by changing the plug diameter, dp, while the die diameter, dd, was constant. The friction
coefficient, µ, was set to 0.1 or 0.25 based on the result of flaring.

Table 3. Process conditions for the expansion and plug drawing processes.

Tube
(FEM and experiment)

Material
Carbon Steel (STKM13C)

Aluminum Alloy (AA1070)

Initial diameter d0 (mm) 30

Initial thickness t0 (mm) 2, 4

Initial length l0 (mm)

Exp. 200

2D FEM 160

3D FEM 170

Element size for flaring
region (FEM)

2D FEM
0.5 mm/div along the z axis

8 elements in thickness

3D FEM
1 mm/div along the z axis

4 elements in thickness
64 elements in hoop
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Table 3. Cont.

Plug for expansion
drawing

(FEM and experiment)

Material
SKD11 (Experiment)

Rigid (FEM)

Half angle αep (◦) 12

Diameter dep (mm)
(Expansion ratio κd)

24–38
(0.07–0.46)

Die for plug drawing
(FEM)

Material Rigid

Half angle αd (◦) 12

Diameter dd (mm) 28

Bearing length lb (mm) 9

Plug for plug drawing
(FEM)

Material Rigid

Diameter dp (mm)
(Target thickness g (mm))

t0 = 2.0 mm 24–25 (1.5–2.0)

t0 = 4.0 mm 20–22 (3.0–4.0)

Lubricant (Experiment)

Stamping and Forming
Lubricant G-3344

(Nihon Kohsakuyu Co., Ltd.,
Minato-ku, Japan)

Friction coefficient µ (FEM)
0.1 (STKM13C)
0.25 (AA1070)

3. Results and Discussions

3.1. Identification of Friction Coefficient

Figure 9 shows a load-stroke diagram of the tube flaring. In the experiment, the load P increased
with an increase in the stroke S, and P drastically decreased when the forming defect occurred. For both
materials, STKM13C and AA1070, the maximum flaring ratio κf_max was 0.59. The forming defect
of STKM13C was cracking, which is shown in Figure 3c(i), while the forming defect of AA1070 was
buckling, which is shown in Figure 3c(ii). The load P vs. stroke S curve of FEM showed the same
tendency as that of the experiment, and P increased with the increase in the friction coefficient µ.
The experimental P vs. S curves fit the FEM P vs.S curves for µ = 0.1 and 0.25, in the cases STKM13C
and AA1070, respectively. In the following FEM analysis of the drawing process, µ was set to 0.1 and
0.25 for STKM13C and AA1070, respectively.
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3.2. Investigation of Thickness Reduction Efficiency by FEM Analysis

FEM analysis with two dimensional models, which are shown in Figure 6a,b, was conducted to
investigate the forming characteristics and the effectiveness of the expansion drawing, compared to
the conventional drawing process with the diameter shrinkage. In this investigation, the material
properties of STKM13C were adopted. Figure 10 shows the effect of the expansion ratio κd on the
thickness reduction ratio γ, evaluated numerically and theoretically (assuming an axial strain εz = 0).
Here, γ is equal to the negative value of the thickness change ratio η (i.e., γ = −η). Moreover, γ of FEM
is the averaged value in a steady region of the drawing. Theoretical value of processed tube thickness
tεz=0 was calculated from the following equation, which assumes that the cross-sectional area does not
change, and the inner diameter expand to the plug diameter dep.

tεz = 0 =

√

4t0(d0−t0) + dep
2 − dep

2
(6)

Theoretical value of γwas calculated using tεz=0. γ increased with the increase in κd, similarly
to the theoretical value. Therefore, the tube mainly elongated in the hoop direction in this process.
The effect of the initial tube thickness t0 on γ was small. The axial strain εz was considered to be small,
and either the elongation or the shrinkage depended on the forming conditions, such as κd and t0.
For example, when κd was over 0.15 and t0 = 2 mm, the value of γ obtained by FEM, was smaller than
its theoretical value due to a shrank in the axial direction; while for t0 = 4 mm, the value of γ obtained
by FEM was larger than the theoretical value due to an elongation in the axial direction.
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Figure 10. Effect of expansion ratio κd on thickness reduction ratio γ (STKM13C, 2D FEM).

Figure 11 shows the relationship between the thickness reduction ratio γ and the drawing load P.
Here, γ of the expansion drawing was larger compared to that of the plug drawing. The result suggests
that the expansion drawing requires a lower load, in comparison with the plug drawing, to reach the
same thickness reduction. On the other hand, γ drastically increased when P reached a large value,
namely, 96 and 114 kN for t0 = 2 and 4 mm, respectively, in the case of the plug drawing. Necking is
considered to occur easily in this load region, leading to eventual tube fracture. A drastic increase
of γwas not observed in the expansion drawing. Therefore, expansion drawing has the potential to
improve the thickness reduction limit.
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Figure 11. Relationship between thickness reduction ratio γ and drawing load P (STKM13C, 2D FEM).

Figure 12 shows the relationship between the effective plastic strain εeq and the thickness reduction
ratio γ. εeq increased with the increase in γ. This means that the tube work-hardened with the thickness
reduction. εeq changed by the drawing method, although the effect of the tube initial thickness t0 on
εeq was small. For the expansion drawing, εeq was smaller than that of the plug drawing when γ was
small, and εeq came close to that of the plug drawing with the increase in γ.
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Figure 12. Relationship between effective plastic strain εeq and thickness reduction ratio γ (STKM13C,
2D FEM).

Figure 13 shows the distribution of deviatoric stress and strain for each drawing process under the
condition that the thickness reduction ratio γ was approximately 0.1, which are indicated by (i) and (ii)
in Figures 11 and 12. In the case of plug drawing, the tube wall thickened before ironing due to positive
radial deviatoric stress σr’ related to the tube shrinking in the hoop direction. The drawing load P was
made large by reducing the thickened tube wall, and the tube elongated in the axial direction. In the
expansion drawing, the deformation zone was divided into two regions, which are [A] the diameter
expansion, and [B] the axial stretching. In region [A], the tube is mainly stretched in the hoop direction,
leading to tube wall thinning due to the negative radial deviatoric stress σr’. The axial stress σz was
small because the inner surface was fixed by the frictional force between the tube and the expansion
plug. Therefore, the axial deviatoric stress σz’ was negative, and the tube shrank in the axial direction.
In region [B], the tube mainly stretched in the axial direction because the inner surface was not fixed by
decreasing the frictional force with the expansion plug. Therefore, the thickness additionally decreased
by axial elongation without changing the hoop length. Here, εz of the processed tube is determined by
the amount of shrinkage and elongation in region [A] and [B]. In the conditions of Figure 13, the tube

79



Metals 2020, 10, 1642

slightly shortened in the axial direction because the amount of shrinkage in region [A] was larger than
the elongation in region [B].
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of shrinkage in region [A] was larger than the elongation in region [B]. 

 

σ σ ε εFigure 13. Distributions of deviatoric stress σz’ and σr’ and strain εz and εr for each drawing process
(initial tube thickness, t0 = 2 mm).

3.3. Experimental Investigation of Expansion Drawing

A series of experiments were conducted to investigate the formability on the expansion drawing,
and the experimental results were compared to the FEM results. The FEM results were obtained using
the models (ED-2D-Impl) and (ED-3D-Expl). STKM13C and AA1070 were used for the tube material
in this investigation. Table 4 shows the feasibility of the drawing. The crack runs in the tube axial
direction mainly due to the stretching in the hoop direction when the expansion ratio κd was too
large, as shown in Figure 14. The maximum expansion ratio κd_max for producing a tube without a
crack was 0.23 in the case of STKM13C and 0.31 in the case of AA1070. This is because STKM13C
tube fractures easily due to a low elongation property, as shown in Figure 5. In addition, κd_max was
lower than the maximum flaring ratio, κf_max, for both materials. Furthermore, since in the expansion
drawing process, the axial tensile stress σz was larger than that of the flaring process, the tube wall
easily cracked as a result of biaxial stretching.

80



Metals 2020, 10, 1642

Table 4. Feasibility of expansion drawing

Material
Expansion Ratio κd

0.08 0.15 0.23 0.31 0.38

STKM13C s s s c -

AA1070 s s s s c

s: Success, c: Crack.
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κ
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η η
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Figure 14. Typical appearances of drawn tubes (AA1070).

Figure 15 shows the distribution of the thickness change ratio η in the tube axial direction. Here,
η is the average value in the hoop direction for each axial position. The thickness t, reduced by
drawing, is uniform, except for the portions, the lengths of which are lfr and lch, near the tube ends.
In the experiment, the portion near the chucked side (lch) was mainly expanded in the flaring process,
in which the axial stress σz is lower, resulting in a small thickness reduction. The length lch becomes
longer with the increase in the expansion ratio κd, because the taper length of the plug becomes longer
with the increase in the plug diameter dep. The portion near the chucked side (lch) did not appear in
the FEM analysis because the flaring process was not reproduced in the model (ED-2D-Impl). At the
portion near the free end (lfr), the thickness reduction was also low because σz was low during drawing.
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Figure 15. Distribution of thickness change ratio η in axial direction by drawing process.

Figure 16 shows the thickness reduction ratio γ at the axial middle portion of the drawn tube.
Here, γ increased with the increase in the expansion ratio κd, reaching a maximum value of 0.29 when
the κd of the AA1070 tube was 0.31 this experiment. In addition, γ of AA1070 was larger than that

81



Metals 2020, 10, 1642

of STKM13C for each κd. This occurred because the AA1070 tube was strongly stretched in the axial
direction by the large frictional force at region (B) in Figure 13. The experimental results almost fit the
FEM results under the condition of κd = 0.1–0.23, although γ of the experiment was larger than that of
the FEM analysis when the κd was 0.31. This is because local thinning occurred in the experiment.
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Figure 16. Effect of expansion ratio κd on thickness reduction ratio γ.

The dimensional accuracy of the cross section of the tube was evaluated. Figure 17 shows the
ovality ratioω of the tube. ωwas small and less than 1%, althoughω slightly increased by the expansion
drawing. This result suggests that the ovality of the tube, which is processed by the expansion drawing,
is good. However, the thickness deviation appeared for any forming conditions. Figure 18 shows the
distribution of the thickness change ratio η in the tube hoop direction, where η is the average value in
the axial direction for each angle θ. The thickness variation in the initial tube was observed, and initial
thickness deviation ratios λ were 0.03 and 0.05 for the STKM13C and AA1070 tubes, respectively,
in this experiment. Therefore, these initial thickness deviation ratios were set to that of the model
(ED-3D-Expl) in the FEM analysis. As shown in Figure 18, the thickness variation of the processed
tube follows the same trend as that in the initial tube, and the experimental results approximately
fit the FEM results at the expansion ratio κd of 0.08–0.15. On the other hand, the thickness variation
showed a different tendency from the initial tube when the expansion ratio κd was 0.23–0.31 due to the
occurrence of local thinning. In particular, large local thinning appeared in the cross section of the
AA1070 tube under the condition of κd = 0.31, as shown in Figure 19b.
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Figure 17. Effect of expansion ratio κd on ovality ratio ω.
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Figure 18. Distribution of thickness change ratio η in hoop direction by drawing process.
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Figure 19. Typical cross-sectional view of drawn tube (AA1070).

Figure 20 shows the effect of the expansion ratio κd on thickness deviation ratio λ, which slightly
increased with the increase in κd, except in cases in which large local thinning occurred, as shown in
Figure 19b. This is because the local deformation occurred easily at the thin side with the increase in κd.
Figure 21 shows the distribution of effective plastic strain εeq at the cross section in the FEM analysis.
The distribution of εeq was comparatively uniform when κd was 0.15, whereas εeq locally increased at
the thin side when κd was 0.31. Based on this result, the expansion drawing does not improve the
thickness deviation. On the other hand, λ could be improved by slightly form the tube by hollow
sinking or plug drawing, which reduce the thickness variation [2], after the expansion drawing.
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Figure 20. Effect of expansion ratio κd on thickness deviation ratio λ.
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Figure 21. Distribution of effective plastic strain εeq at cross section of tube (AA1070).

4. Conclusions

The present paper proposed a tube drawing method with diameter expansion, which is referred to
herein as ‘expansion drawing’, for producing thin-walled tubes effectively. The forming characteristics
and effectiveness of the proposed method were investigated through a series of finite element method
(FEM) analyses and experiments. Carbon steel (STKM13C) and aluminum alloy (AA1070) tubes were
used as the test materials. According to the FEM analysis results, the thickness decreased with an
increase in the expansion ratio. In addition, the expansion drawing reduced the tube thickness by
a small load, when compared to the case of plug drawing with diameter shrinkage, which is the
conventional method. In the expansion drawing experiment, it was possible to successfully produce
thin-walled tubes, although for large expansion ratios the tube cracked due to biaxial stretching in
the axial and hoop directions. The thickness reduction of the tube increased with the increase in
the expansion ratio in a similar manner for both the experimental and FEM results. The maximum
thickness reduction ratio was 0.15 when the expansion ratio was 0.23 for STKM13C, and the maximum
thickness reduction was 0.29 when the expansion ratio was 0.31 for AA1070. The ovality ratio was
small and less than 1% for each condition. The increase in the thickness deviation by the expansion
drawing was small, but the thickness deviation drastically increased when local thinning occurred at
the tube wall due to the use of expansion ratios that were too large. Therefore, this ratio should be set
appropriately to produce tubes with small thickness deviations.
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Abstract: A pneumatic experimental design to evaluate strain rate sensitive biaxial stretching forming
limits for 7075 aluminum alloy sheets was attempted with the finite element method. It was composed
of apparatus geometric design with pressure optimization as the process design. The 7075 aluminum
alloy material was characterized by conventional Voce-type hardening law with power law strain
rate sensitivity relationship. For optimization of the die shape design, the ratio of minor to major die
radius (k) and profile radius (R) were parametrically studied. The final shape of die was determined
by how the history of targeted deformation mode was well maintained and whether the fracture
was induced at the pole (specimen center), thereby preventing unexpected failure at other locations.
As a result, a circular die with k = 1.0 and an elliptic die with k = 0.25 were selected for the balanced
biaxial mode and near plane strain mode, respectively. Lastly, the pressure inducing fracture at the
targeted strain rate was studied as the process design. An analytical solution that had been previously
studied to maintain constant strain rate was properly modified for the designed model. The results
of the integrated design were compared with real experimental results. The shape and thickness
distribution of numerical simulation showed good agreement with those of the experiment.

Keywords: forming limits; biaxial stretching; forming limit measurement; experimental design;
strain rate sensitivity; elevated temperatures; pneumatic forming

1. Introduction

Pneumatic forming or superplastic forming (SPF) has been widely utilized in various different
areas, such as the aerospace and automobile industries [1,2]. Pneumatic forming is a forming method
that deforms sheets by gas pressure at elevated temperatures. Some researchers have developed the
method to construct a forming limit diagram (FLD) by pneumatic forming [3,4]. Although conventional
draw forming is widely utilized for constructing FLD, the apparatus for draw forming is vulnerable to
elevated and high temperatures because of contact problems. Contact between specimen and tools at
elevated and high temperatures causes degradation of tool life and less durability due to increased
friction, heat expansion, and weakening tool strength. Moreover, the friction effect by contact can
lead to inaccurate measurement of FLD, thereby triggering early failure. When it comes to constant
deformation rate, it is quite difficult to maintain the targeted strain rate due to the instability coming
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from the contact. Pneumatic forming has no contact or only a little contact on the edge of the die
during deformation. Only a little or no contact area can reduce abrupt material failure by friction
without the use of lubricants, thus enduring high temperatures. Minimization of contact also enables
pneumatic forming to maintain a constant strain rate more precisely than draw forming for construction
of a rate-dependent forming limit diagram. In addition, pneumatic forming can be more accurately
halted at the fracture point. The punching movement in draw forming is suspended after ample
force reduction following a crack. However, the pneumatic test is halted right after a crack occurs.
Blank deformation is stopped when there is not enough pressure to continue blowing because the air
on one side of the blank is deflated to the other side as a crack occurs. Therefore, the pneumatic test has
a big advantage as it does not bring disparity between fracture occurrence and halts at dome height.
For all these reasons, pneumatic forming can be a good alternative to the draw forming method as it
does not have the limitations of a mechanical contact test. There have been many studies to improve
the pneumatic forming method to construct forming limit diagrams.

Some researchers have studied building biaxial tension–tension modes by changing the die cavity
on the same specimen design [3,5]. Others have tried to construct axial tension–compression modes by
changing the blank shape on the same die cavity design [4]. It is also challenging to maintain constant
strain rate deformation to construct a rate-dependent forming limit diagram. An analytical solution
formulated in a circular die cavity with various strain rates based on the Levy–Mises relations and
linearly strain hardening material was studied [6]. The solution was modified for general die cavity
shape with transversely isotropic yield function applied to Hollomon hardening material and strain
rate-dependent superplastic material [5,7]. Some works of literature have researched strain rate- and
temperature-dependent FLD using the Nakajima test and compared it to theoretical predictions with
a Marciniak–Kaczynski (M–K) model and continuum damage mechanics (CDM)-based models [8,9].
However, such efforts to construct a FLD in an experiment are limited with the conventional draw
forming method. Therefore, a FLD with rate sensitivity has to be constructed by a pneumatic forming
method to eliminate failure variables, such as friction, by stopping at the exact moment with uniform
deformation and constant strain rate history.

The aim of this research was to establish a design for the major factors of rate-dependent FLD
of 7075 aluminum alloy sheets, such as proper die shape and pressure condition, to build fracture
properties with strain rate sensitivity. In this study, an integral design for strain rate sensitive forming
limit diagram by pneumatic forming was attempted with numerical simulation. The numerical
procedures of the integral design consisted of two parts: apparatus geometric design and process
condition design. First, two main geometric parameters were used to design a pneumatic forming
die, namely, cavity radius ratio (k) and die profile radius (R), as shown in Figure 1. The cavity radius
ratio (k) is the ratio of the minor to the major radius of the die. The goal of optimized k is to find the
proper k value leading to proper fracture modes with a stable deformation path history. The aim of
the optimization of R is to induce fracture occurrence at the pole by concentrating deformation on
the center of the blank. This prevents fracture at an unexpected position that is not the center of the
specimen and assists stable deformation at the pole, thereby leading to proportional load history in the
domain of major and minor stress or triaxiality and effective strain. To trace the deformation mode
history and compare the deformation quantity between the center of the blank and the next critical
location (the largest deformed location except for the pole of the blank during deformation), numerical
finite element simulation was utilized. Lastly, the pressure and time relationship for proper strain
rates were studied as process conditions. An analytical solution to the pressure–time relationship was
modified and compared with the results of a preexisting formulation. The effect of profile radius (R)
was considered in the newly modified analytical model. For validation, the pneumatic forming die was
fabricated based on the effect of the integral design process. Simulation results were finally compared
with the experiments at optimized conditions.
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Figure 1. Description of the geometric parameters (cavity radius ratio (k) and die profile radius (R)) of
the die used in the pneumatic test for sheets.

2. Finite Element Modeling

2.1. Materials

In this study, 7075 aluminum alloy sheets (Al–Zn–5.5 Mg–Cu) of 1.27 mm (0.05 inch) thickness
was considered at 400 ◦C. Uniaxial tensile tests were performed for material plastic properties
using a universal tensile test machine (Shimadzu, Kyoto, Japan). The tensile tests were examined
along with the crosshead speeds to check the dependency of rate sensitivity. Every single curve
representing engineering stress–engineering strain for each different crosshead speed is shown in
Figure 2a. The mechanical behavior of 7075 aluminum alloy sheets at elevated temperatures shows
an early, brief increase and large softening behavior in the engineering domain [10]. The engineering
stress–engineering strain curves were also strongly dependent on the crosshead speed. The stress
grew larger as the strain rate increased at the same temperature condition. Grip velocities of 0.02, 0.2,
and 2.0 mm/s approximately corresponded to effective strain rates of 0.001, 0.01, and 0.1 s−1, respectively,
based on numerical simulation. When the engineering stress–engineering strains were converted
to true stress–true strains, the curves displayed virtually perfect plasticity behavior, as shown in
Figure 2b [8,9]. The ASTM E 8M subsize specimen was modified for the uniaxial tensile test at elevated
temperatures, as shown in Figure 3 [11]. The mechanical properties are given in Table 1. Elastic modulus
and Poisson ratio were measured from 7075 aluminum alloy sheets of 2.0 mm thickness and assumed to
be applied to this material. The usual 7075 aluminum alloy sheets at elevated temperatures is assumed
to show an isotropic plastic behavior [8,9]. Hence, von Mises yield function for stress potential was
applied throughout the study.
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Figure 2. The engineering stress–engineering strain curves (a) and the true stress–true strain curves
(b) along with crosshead speeds for strain rate sensitivity measurement.
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Figure 3. The dimension of the specimen utilized for uniaxial tensile test at elevated temperatures.

Table 1. The mechanical (engineering) properties of 7075 aluminum alloy sheets at 400 ◦C.

Temperature
(◦C)

Crosshead Speed
(mm/s)

E
(GPa)

Poisson’s
Ratio

UTS (MPa)
Elongation (%)

UTS Total

400
2.0

51.82 0.35
76.15 1.48 82.36

0.2 55.66 0.98 65.85

0.02 40.14 1.25 44.85

The effective stress–effective strain was fitted by Voce-type hardening law with power law strain
rate sensitivity relationship using Equation (1). The material coefficients of Voce-type hardening law,
m-value of power law, and reference strain rate are given in Table 2. The curves based on power law
rate sensitivity extrapolation were well matched with the hardening curve directly obtained from the
uniaxial tensile test until ultimate tensile strength (UTS) at 0.001, 0.01, and 0.1 s−1, as shown in Figure 4.

σ0 =
{

K + C(1− e−pε)
}

(

.
ε
.
ε0

)

m

(1)

where K, C, and p are coefficients of Voce-type hardening law;
.
ε0 is the reference strain rate; and m is

the rate sensitivity coefficients.

Table 2. Parameters of Voce-type hardening law and m-value.

Temperature (◦C) K (MPa) C (MPa) p m
.
–
ε0 (s−1)

400 38.63 1.68 171 0.14 0.001
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Figure 4. Comparison between hardening curve from Voce-type hardening law with power law rate
sensitivity and hardening curve until ultimate tensile strength (UTS) directly obtained from the uniaxial
tensile tests.
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2.2. Numerical Simulation Procedure

Numerical simulation was performed to study the effects of the parameters. Isotropic elastic
and Voce-type material with power law interpolation for strain rate sensitivity, as characterized
in the previous section, were utilized for the numerical simulation. The ABAQUS/Implicit code
(6.12-1, Dassault Systèmes, Vélizy-Villacoublay, France) for a hexahedral solid element with eight nodes
and reduced integration (C3D8R) was used. Eight-node solid elements of 0.8 mm × 0.8 mm × 0.254 mm
dimension and 8 mm × 8 mm × 0.254 mm dimension were used for the fine mesh region and the coarse
mesh region, respectively, with five layers of thickness (1.27 mm), as shown in Figure 5. A fixed boundary
condition was assumed without a blank holding force because no slip was expected with the double
beads at the blank clamping area. As for the process conditions, a fixed boundary condition was
utilized, as shown in Figure 6, instead of applying a blank holding force. Other process conditions,
such as friction coefficient and pressure, were assumed as specific values. The friction coefficient is
relatively unimportant due to minimal contact in the pneumatic forming process. However, contact of
the blank with the die occurs in some parts, such as the edge of the die (or die profile). Therefore,
the friction coefficient was set as 0.1, assuming that the apparatus was well lubricated and had no
lubrication issue. The pressure was applied 5 mm from the finish line of the die profile covering
the whole cavity and corner of the hole, as shown in Figure 6. Throughout the study, the conditions
mentioned above were applied to the numerical model.

 

 

Figure 5. The fine mesh region and the coarse mesh region in the blank.

 

 

Figure 6. The boundary condition of the pneumatic test.
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3. Design of Geometric and Process Conditions

The design of the geometric and process conditions in pneumatic forming are discussed in this
section. For proper deformation modes and fracture occurrence at the proper location, the ratio of
minor to major radius, k, and the profile radius, R, were studied as the geometric design. In pneumatic
forming, the pole of the blank can be deformed with approximately constant strain rate by adjusting the
pressure history. The pressure history, which determines approximate constant strain rate, was found
as the process condition design.

3.1. Geometric Design: The Ratio of Minor to Major Radius (k)

To determine deformation modes, a parametric study on the ratio of the minor to the major die
radius, k, was performed. As shown in Figure 1, other geometric factors, such as major radius and die
profile radius (R), were fixed to determine the effect of k. The major radius and die profile radius (R)
have to be carefully determined according to the circumstances. As the major radius becomes small,
it secures enough blank holding area to reduce the possibility of a slip in the size limit of the machine,
but a small cavity requires more pressure to deform the blank in the pressure capacity limit of the
machine. In this study, the major radius and the die profile radius (R) were fixed as 100.0 and 15.0 mm,
respectively. The constant pressure was arbitrarily decided for each k die for simplicity. The conditions
for parametric study are shown in Table 3. As can be seen, higher pressure was required as k decreased.

Table 3. The conditions for parametric study of the die insert radius ratio (k).

Die Insert Radius
Ratios (k)

Major Die Radius
(a0)

Minor Die Radius
(b0)

Die Profile Radius
(R)

Pressure Values

1

50.0 mm

50.0 mm

15.0 mm

1 MPa

0.75 37.5 mm 2 MPa

0.5 25.0 mm 2 MPa

0.25 12.5 mm 4 MPa

0.1 5.0 mm 6 MPa

As k decreased, the deformation modes approached the plane strain mode, as shown in Figure 7.
However, when k was too small, the deformation history became unstable and not proportional.
For instance, although the deformation mode of the elliptic die with k = 0.1 seemed closer to the
plane strain mode at the initial stage, the deformation history on the domain of triaxiality with respect
to effective plastic strain and of the major/minor differed a lot without any proportional increase.
This is because the 3D effect increases as k diminishes, meaning that the mode of the critical element
is no longer plane stress, which is important for sheet metal forming. With smaller k, not only is
more pressure needed to complete the same deformation, but the effective strain is also more likely to
be concentrated on the edge, which will be discussed in the profile radius (R) design. In conclusion,
the optimized k value was 0.25 for near plane strain mode (PSA) die with the already selected die ratio
of k = 1 for balance biaxial mode.

3.2. Geometric Design: The Profile Radius (R)

Another significant geometric design factor that has been negligently treated before is the profile
radius (R), as shown in Figure 1. As can be seen, as k diminished, the effective strain was more likely to
be concentrated on the edge. This is because the profile radius (R) is crucial to induce a fracture on the
proper location during the experiment, preventing an unfavorable fracture on the edge. The parametric
study conditions for optimized circular and elliptic die are given in Table 4. It can be seen that more
pressure was required for the same amount of deformation as k became smaller. The amount of
deformation of the center and edge of the blank was compared to each other during the deformation to
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determine the minimum profile radius (R) of the die to concentrate fracture on the center of the blank.
The minimum profile radius (R) of the die has some advantages. A smaller R secures enough blank
holding area to reduce the possibility of a slip. Aside from area cavity, larger R means less blank holding
area or increased size of the machine with the same blank holding domain. Therefore, smaller but safe
R can be used depending on the preference of the user and machine.
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Figure 7. History of deformation mode along the die insert radius ratio (k) with regard to effective
strain and triaxiality (a) and major strain and minor strain (b).

Table 4. The parametric study conditions for the circular and elliptic die profile radius.

Die Insert Radius Ratio (k) Die Profile Radius (R) Major Die Radius (a0) Pressure Value

1
(Circular die)

5.0 mm

50.0 mm

1 MPa
10.0 mm

15.0 mm

20.0 mm

0.25
(Elliptic die)

5.0 mm

4 MPa
10.0 mm

15.0 mm

20.0 mm

Even though R was changed, it did not occupy cavity size and did not influence the dimension of
the major radius and die insert ratios (k). To reduce the possibility of fracture at an unfavorable area
like the die edge, 0.4 of effective strain was set as a quantitative standard to distinguish whether the
strain was largely concentrated on the center or not. Figure 8 shows a comparison of effective strain
at the center element with those at the edge element as the deformation progressed with various die
profile radii (R) for the circular die. The solid and dashed lines were obtained from a single center
element and the critical element at the edge, respectively. The two black lines were obtained from
the element of the circular die with 5 mm die profile radius (R) and the red, blue, and green were
obtained from 10, 15, and 20 mm die profile radii (R), respectively. Although the deformation tended
to focus on the edge as k decreased, all parameters were within the standard and did not exceed 0.4 of
effective strain on the edge. The deformation history of the critical element was uniform for all the
profile radii (R) for the circular shape die, as shown in Figure 9. A comparison of effective strain at the
center element with those at the edge element as deformation progressed with various die profile radii
(R) for elliptic die is also shown in Figure 10. The solid and dashed lines were obtained from a single
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center element and the critical element at the edge, respectively. The two black lines were obtained
from the element of the circular die with 5 mm die profile radius (R) and the red, blue, and green were
obtained from 10, 15, and 20 mm die profile radii (R), respectively. For the elliptic die, deformation
also tended to focus on the edge as k decreased. However, the deformation was so severe that the
effective strain on the edge exceeded 0.4 for R below 15 mm (blank and red lines). It was also further
from the targeted deformation history of the critical element for R below 15 mm, as shown in Figure 11.
To meet the safety condition for both circular and elliptic cases, R = 15 mm was finally determined for
die profile radius (R) based on the numerical simulation results.
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Figure 8. Comparison of deformation at the center element with those at the edge element with various
die profile radii (R) for the circular die (solid line is for the center elements, dash line is for the edge
elements, black color is for R = 5 mm, red color is for R = 10 mm, blue color is for R = 15 mm, and green
color is for R = 20 mm).
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Figure 10. Comparison of deformation at the center element with those at the edge element with
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and green color is for R = 20 mm).
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Figure 11. Deformation history with various die profile radii (R) for the elliptic die with regard to
effective strain and triaxiality (a) and major strain and minor strain.

3.3. Process Condition Design

Due to its fast and easy application, an analytical solution has an advantage in the early stage of
the test design and experimental setting. The relationship of the pressure and height of the blank in
a circular bulge was derived with linear plasticity [6]. A closed-form analytical model with transversely
isotropic material was extended to the elliptic bulge test, which is a general form of the circular bulge test.
The extended model was applied to Hollomon-type hardening law and strain rate sensitive superplastic
material law [7]. Pressure and time relationship for general k was obtained in full three-dimensional
isotropic yield function with the general material hardening model [5]. In this study, a previous
analytical model utilized for extended elliptic bulge test was modified by considering the profile radius
(R) effect, as shown in Equation (2). The correlation among variables is also written in Equation (3).
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In this model, ω or correction factor is newly introduced. a0, b0, and k are substituted with A, B,
and K, respectively.

p(t) =
2s0σ

B0

1 + αK2

ρ













e
(2−α)

.
εt

2ρ − 1













1
2

e
− 3

.
εt

2ρ (2)

K =
B0

A0
=

b0 +ωR

a0 +ωR
, ω = ω0k0 = ω0

b0

a0
, α =

1
2
(1 + e1−( 1

K )), ρ =
√

1− α+ α2 (3)

where p is the blow forming pressure; s0 is the initial blank thickness; a0 and b0 are the major and
minor radii of elliptic die, respectively; A and B are modified major and minor radii of elliptic die

considering the effect of profile radius (R); t is the time;
.
ε is the targeted strain rate; σ is the effective

stress; ω is the correction factor taking into account the effect of the profile radius (R) and is a function
of k, which is the ratio of minor radius to major radius without considering the profile radius; and ω0 is
a coefficient of the correction factor. As ω0 becomes zero, a0, b0, and k become A, B, and K, respectively.
Then, the pressure and time relationship is identical with the model developed by D. Banabic and M.
Vulcan. As ω0 becomes unity, the profile radius (R) is fully considered as part of the die hole radius in
the relationship. In general, ω0 is maintained in between 0 ≤ ω0 ≤ 1.

Voce-type law with power law rate sensitivity model was applied to the relationship for each
targeted strain rate. Two extreme cases were dealt with to show the effect of the profile radius (R).
To begin with, no consideration was taken into account of the effect of R, i.e., ω0 = 0, which is the same
as the previous model. Then, full consideration of the effect of R was taken into, i.e., ω0 = 1, which is
the other extreme case. For the case of ω0 = 0, the pressure and time relationship is shown in Figure 12.
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Figure 12. Pressure and time relationship of the circular die (a) and the elliptic die (b) for targeted
strain rate at ω0 = 0.

There was a discrepancy between the input strain rate in the analytical solution and output
strain rate in the numerical model, as shown in Figure 13. The results were faster than each targeted
strain rate. The error could have occurred because of some limitations, such as the constraint of
approximated geometric assumption on the bulge test and assumption that strain increases linearly
in time, as mentioned in [7]. However, the major discrepancy of the strain rate results is due to the
introduction of the profile radius (R) in the geometric design. As a comparison, the effect of profile
radius (R) is fully considered in Figure 14. It can be seen that as the modified major radius, a0 + ωR

became 65 mm, pressure became approximately 0.77 smaller than the previous model for ω = 0 for the
circular die. The effective strain rate result in numerical simulation for the circular die and elliptic
die is shown in Figure 15. However, the results did not have enough deformation and did not satisfy
targeted values of strain rate history.
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Figure 13. Effective strain rate and effective strain result in numerical simulation for the circular die (a)
and the elliptic die (b) at ω0 = 0.

 

(a) (b) 

0 1

0 1

0

0

0

Time (sec)
0 200 400 600 800 1000 1200 1400

Pr
es

su
re

 (M
Pa

)

0

1

2

3

4

5

6
Circular die for 0.1/s
Circular die for 0.01/s
Circular die for 0.001/s

Time (sec)
0 200 400 600 800 1000 1200 1400

Pr
es

su
re

 (M
Pa

)

0

1

2

3

4

5

6
Elliptic die for 0.1/s
Elliptic die for 0.01/s
Elliptic die for 0.001/s

Effective strain (   )
0.0 0.2 0.4 0.6 0.8 1.0 1.2

Ef
fe

ct
iv

e 
St

ra
in

-r
at

e 
( /

s)

0.0001

0.001

0.01

0.1

1

10
Circular die for 0.1/s
Circular die for 0.01/s
Circular die for 0.001/s

Effective strain (   )
0.0 0.2 0.4 0.6 0.8 1.0 1.2

Ef
fe

ct
iv

e 
St

ra
in

-r
at

e 
( /

s)

0.0001

0.001

0.01

0.1

1

10

Elliptic die for 0.1/s
Elliptic die for 0.01/s
Elliptic die for 0.001/s

Figure 14. Pressure and time relationship of the circular die (a) and the elliptic die (b) for targeted
strain rate at ω0 = 1.
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Figure 15. Effective strain rate and effective strain result in numerical simulation for the circular die (a)
and the elliptic die (b) at ω0 = 1.

A geometric relationship was assumed to obtain proper coefficient of correction factor, ω0,
in between the two extreme cases, as shown in Figure 16. The sphere (red short line) was in contact
with the profile radius (R) of the die. The center of the geometrical figure had a fixed distance of
10 mm from the center of the blank. The radius of the new geometrical figure was calculated with the
geometric constraint. Then, ω0 was found to be approximately 0.31, which is between zero and unity,
indicating that ω was equal to ω0 in the circular case. For the general ellipsoid, the effect of profile
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radius (R) was compensated by the ratio of minor radius to major radius (k) being ω. The pressure
and time relationship for each circular and elliptic die is shown in Figure 17. The effective strain rate
results in numerical simulation for the circular die and elliptic die are shown in Figure 18. The results
were improved than the previous analytical models in maintaining approximately constant targeted
strain rate.
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Figure 16. A geometric assumption to obtain coefficient of correction factor considering modified
radius of the sphere in the circular die.
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Figure 17. Pressure and time relationship of the circular die (a) and the elliptic die (b) for targeted
strain rate at ω0 = 0.31.

 

0 0.31

(a) (b) 

0 0.31

 

Time (sec)
0 200 400 600 800 1000 1200 1400

Pr
es

su
re

 (M
Pa

)

0

1

2

3

4

5

6
Circular die for 0.1/s
Circular die for 0.01/s
Circular die for 0.001/s

Time (sec)
0 200 400 600 800 1000 1200 1400

Pr
es

su
re

 (M
Pa

)

0

1

2

3

4

5

6
Elliptic die for 0.1/s
Elliptic die for 0.01/s
Elliptic die for 0.001/s

Effective strain (   )
0.0 0.2 0.4 0.6 0.8 1.0 1.2

Ef
fe

ct
iv

e 
St

ra
in

-r
at

e 
( /

s)

0.0001

0.001

0.01

0.1

1

10
Circular die for 0.1/s
Circular die for 0.01/s
Circular die for 0.001/s

Effective strain (   )
0.0 0.2 0.4 0.6 0.8 1.0 1.2

Ef
fe

ct
iv

e 
St

ra
in

-r
at

e 
( /

s)

0.0001

0.001

0.01

0.1

1

10

Elliptic die for 0.1/s
Elliptic die for 0.01/s
Elliptic die for 0.001/s

Figure 18. Effective strain rate and effective strain result in numerical simulation for the circular die (a)
and the elliptic die (b) at ω0 = 0.31.
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4. Validation

To validate the integral experimental design, tests for pneumatic forming for k = 1 and 0.25 with
the pressure condition maintained at approximately constant strain rate of 0.01 s−1 were performed
for 7075 aluminum alloy sheets. The circular and elliptic pneumatic forming dies were fabricated,
as shown in Figure 19, based on the parametric study for k and R. A double bead was also introduced
to prevent slip of the blank and gas leakage. The blank dimensions for circular and elliptic pneumatic
forming die used in this study are also shown in Figure 20. The pneumatic process was performed
using a pneumatic forming machine. The photograph and schematic view of the machine are also
shown in Figure 21.

 

−

 
(a) (b) 

Figure 19. The pneumatic forming dies for the circular die (a) and the elliptic die (b).

 

−

 
 

(a) (b) 

Figure 20. The blank dimensions for the circular die (a) and the elliptic die (b).
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(a) (b) 

Figure 21. Photograph (a) and schematic view (b) of the pneumatic forming machine.

The final blanks after deformation for circular and elliptic dies are shown in Figure 22.
The pneumatic forming tests were completed due to crack formation on the pole of each blank.
The shape (z coordinate) and thickness distribution results of the experiment and simulation are
compared in Figures 23 and 24. The shape and thickness evolution obtained from pneumatic forming
numerical simulation of 7075 aluminum alloy sheets were superimposed. The black solid line was
measured from the final experimental results. Dashed red lines were obtained from numerical tests
at each shape height with 10 mm difference (for example, 10, 20 mm, etc.) to show the evolution of
pneumatic forming. However, as no fracture properties were applied on the finite element simulation,
numerical deformation continued until the onset of localized necking coming from instability of
the mathematical effect. Therefore, the simulations were stopped when the height of each blown
blank reached the same height of each experimental result. The simulation results at the height are
plotted with a red solid line. The results showed good agreement with the experimental results.
When it came to improvement of the small thickness discrepancy at the pole, a material model
considering material deterioration with hardening and rate sensitivity is needed to represent the
material softening behavior [12,13]. This is because of the material properties of 7075 aluminum alloy
sheets at elevated temperatures, which display material softening behavior after short arrival of UTS,
as shown in the Figure 2. However, sophisticated material characterization is beyond the scope of our
research. Hence, the conventional Voce-type hardening law, which has been widely used for aluminum
alloy, was utilized in this study to highlight and focus on the integral pneumatic die and pressure
optimization design process.

 

 
(a) (b) 

Figure 22. The blanks after pneumatic forming test for the circular die (a) and the elliptic die (b).
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Figure 23. The shape and thickness distribution of the experimental and simulation results for the
circular die at k = 1 in the x-direction (a) and y-direction (b).
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Figure 24. The shape and thickness distribution of the experimental and simulation results for the
elliptic die at k = 0.25 in the x-direction (a) and the y-direction (b).

5. Conclusions

An integral experimental design of strain rate sensitive forming limits in the biaxial stretching
modes for 7075 aluminum alloy sheets by pneumatic forming was attempted with the finite element
method. The integral experimental design work consisted of apparatus geometric design and pressure
optimization as the process design. The material was characterized by conventional Voce-type
hardening law with power law strain rate sensitivity relationship. For the design of the die shape,
the ratio of minor to major radius (k) and profile radius (R) were parametrically studied for best fit to
7075 aluminum alloy sheets. For the design of process condition, pressure and time relationship that
maintained targeted strain rate at the pole was obtained. The following conclusions were established:

• As the ratio of minor to major radius (k) became smaller, more effective strain was likely
concentrated on the edge and more pressure was needed to complete the forming process.
As the ratio of minor to major radius (k) became smaller, the history of the deformation mode in
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triaxiality (η) and major/minor domain approached the near plane strain (PSA) mode; however,
when the k was too small, it did not show uniform deformation history because of the 3D effect
(no more plane strain). As for the ratio of minor to major radius (k) of the die, a circular die with
k = 1.0 and elliptic die with k = 0.25 were selected for balanced biaxial mode and near plane strain
mode, respectively.

• As the profile radius (R) of the die got larger, deformation was more likely concentrated on the
center for both circular and elliptic dies. R = 15, which is safe and small enough for favorable
fracture occurrence at the center of the blank, was also chosen as profile radius (R) for both circular
and elliptic dies.

• For the process design, a preexisting analytical model was modified with geometrical consideration
of the profile radius (R). The modified analytical model induced fracture at the pole with
approximately constant targeted strain rate.

• Finally, the simulation results of the designed geometric and process conditions were compared
with the experimental results, and they showed good agreement with regard to shape and
thickness distribution.
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Abstract: This paper proposed a new ball spin forming equipment, which can form a reduced
diameter section on the halfway point of a tube. The effects of forming process parameters on the
surface integrity and deformation characteristics of the product were investigated. The proposed
method can reduce the diameter in the middle portion of the tube, and the maximum diameter
reduction ratio was over 10% in one pass. When the feed pitch of the ball die was more than
2.0 mm/rev, spiral marks remained on the surface of tube. Torsional deformation, axial elongation and
an increase in thickness appeared in the tube during the forming process. All of them were affected
by the feed pitch and feed direction of the ball die, while they were not affected by the rotation
speed of the tube. By sending the ball die towards the fixed part of the tube or by increasing the
feed pitch, torsional deformation and elongation decreased, and the amount of thickening increased.
When the tube was pressed perpendicularly to the axis without axial feed, a diameter reduction ratio
of 21.1% was achieved without defects using a ball diameter of 15.9 mm. The polygonization of the
tube was suppressed by reducing the pushing pitch. The ball spin forming has a high advantage
in flexible diameter reduction processing on the halfway point of the tube for producing different
diameter tubes.

Keywords: tube forming; metal tube; planetary ball dies; diameter reduction process

1. Introduction

Tubes with variable diameters in the axial direction are in demand but it is costly to manufacture
them. For instance, changing the tube diameter is achieved by connecting different diameter tubes
using joints. It takes time and effort to connect, and in some cases, the connection often causes low
airtightness. Therefore, the demand for different diameter continuous tubes (DDC tubes) and the
process for DDC tubes without joining processes is high. There are some methods for manufacturing
DDC tubes, such as U-O bending [1–3], and hydro forming [4,5]. U-O Bending is a processing method
to form a tube from plate. Since these methods require tools whose shapes are uniquely related to the
final shapes, they lack the flexibility of the product shape. Incremental forming is a flexible process.
Incremental forming does not use die and can be used for a wide variety of product shapes [6–8].
Spinning is a typical incremental forming method [9,10]. Spinning with rollers does not require tools
with unique shapes but needs repetitive processing because the diameter reduction rate per one
processing is small due to the small area between the roller and tube, resulting in complex control of the
roller position. In addition, the rigidity of the device is low due to the deformation of the roller struts
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when high stress is applied [11–13]. Therefore, Kanayama et al. developed a new method—”Ball spin
forming” [14]. Ball spin forming is an efficient processing method that can solve the above problems.
The essence of ball spin forming is the usage of “ball die”, which is a processing unit with three balls
inside. The ball die can apply a large deformation to the tube at one pass as the balls are set inside a
rigid and compact box. Kanayama et al. developed a planetary ball die for processing tube end and
obtained tubes with smooth surface integrity. Kanayama at el. also reported that when the diameter
reduction is performed using ball die, torsional deformation, axial elongation, and thickness increase
occurred in tubes [15]. This type of die is applied in the manufacture of internally grooved tubes [16].
However, a ball die that cannot change the ball position in the radial direction can only process a
simple shape. In this study, we developed a new ball forming ball die that can control the ball position
in the radial direction of the tube for forming tubes with variable diameters in the axial direction.
The new ball die combines the advantages of both spinning and planetary ball dies. The kinematics
are the same as for roller spinning, but the rigidity and productivity of the equipment are improved,
which solves the problems of spinning.

The structures of the developed ball die and deformed tube on the halfway portion are shown in
Figure 1. Iron balls, which are constrained in the circumferential direction of the tube, are pushed in
the radial direction of the tube by the rotation of the ball guide. The ball die travels along the tube axis
while the tube rotates. As the result, the diameter reduction forming is performed by expanding the
local concavity formed by the balls.

 

 

 

(a) Structure of ball die (b) Deformed tube on the halfway portion 

Figure 1. Schematics of ball die and deformed tube.

The remarkable feature of the new ball die, which is developed in this study, is that the balls
move in the radial direction of the tube. The inner surface of the ball guide has the shape of a cam,
and the shape realizes the control of the ball position in the tube-radial direction just by rotating the
ball guide, to which a handle is connected. This feature enables flexible forming at the halfway point of
the tube. This paper investigates the effect of parameters such as diameter reduction ratio, feed pitch,
and rotational speed on the product shape and surface integrity. The experiments were carried out
to the halfway point of the tube using the developed ball die, and the appropriate conditions were
clarified for reducing the tube diameter without defects.

2. Experiment with a Small Ball Die for Lathe

2.1. Materials and Methods

The experimental material was an extruded tube of aluminum alloy 1050 (AA1050). The ball
material was high carbon chrome bearing steel of SUJ2 (Japan Industrial Standard, JIS). The outer
diameter and thickness of tubes were 19 and 0.9 mm, respectively. The outer diameter of the tool ball
was 20 mm. Grease with molybdenum disulfide was applied to the surface of the tube as lubricant.
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A schematic diagram of the experimental ball die is shown in Figure 2. The tube end was fixed
to the chuck of the lathe. The ball die was mounted on the tool stand of the lathe, which moves in
the axial direction automatically at a constant feed pitch f. The working conditions are shown in
Table 1, including the diameter reduction ratio κD, the tube rotation speed n, and the feed pitch f.
The procedure is as follows:

(1) Push the balls into the tube surface without giving the feed pitch f.

(2) Stop pushing the balls and feed the ball die at the constant feed pitch f.

(3) Set the feed pitch to zero and release the ball from the tube.

 

κ

 

κ

Figure 2. Schematic diagram of the experimental ball die.

Table 1. Conditions of the experiment.

Tube
Outer diameter Dp/[mm] 19.0

Thickness t/[mm] 0.9

Experimental conditions

Diameter reduction ratio κD/[%] 5.3 10.5 15.8
Target diameter DT/[mm] 18 17 16
Rotational speed n/[rpm] 50, 85, 140

Feed pitch f /[mm/rev] 0.5, 1.0, 1.5, 2.0, 2.5, 3.0
Formed length l/[mm] 50, 120

Torsional deformation and elongation were evaluated by scribe lines. Scribe lines were marked
on the tube surface in the longitudinal direction before forming as shown in Figure 3. The torsional
deformation and elongation of the tube were measured by comparing the shape of scribe lines before
and after forming. One end of the tube was chucked, while the other end was supported by a centering
rod without axial constraint. That is to say, the constraint condition is different between the two tube
ends. Therefore, the effect of moving direction of the ball die on the formability was investigated.
The longitudinal section of the tube was observed using an optical microscope for evaluating the
thickness distribution.
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κ

κ

Figure 3. Schematic diagram of scribe lines on the tube.

2.2. Results and Discussion

2.2.1. Effect of Feed Pitch on Surface Integrity

Figure 4 shows the tube surface after forming. When the feed pitch f exceeded 2.5 mm/rev,
spiral marks appeared on the tube surface after the ball die passed, as shown in Figure 4a. When the
feed pitch f was small, a smooth surface was obtained, as shown in Figure 4b. The effect of the rotational
speed n on the surface integrity was small. Therefore, it is concluded that the formed surface integrity
is determined by the feed pitch of the ball.

 

 

κ
κ

κ

κ

κ

Figure 4. Appearance of the formed tubes (a-1) spiral mark: the diameter reduction ratio κD = 15%,
n = 85 rpm, f = 3.0 mm/rev, (b-1) smooth surface: κD = 15 %, n= 85 rpm, f = 0.5 mm/rev. The photographs
(a-2) and (b-2) are high magnification version of (a-1) and (b-1), respectively.

2.2.2. Forming Limit in One and Two-Step Processing

When processing was performed under a diameter reduction ratio κD of 15.8%, the tubes could
not be formed into the target shape due to polygonization. In this case, the axis of the tube vibrated
when the balls were excessively pushed to the tube. Then, the cross-section of the tube was deformed
into a pentagonal shape as shown in Figure 5. In the case that κD was 10.5%, it was possible to push
the ball to the tube at the beginning of the forming, but the pentagonal deformation occurred when the
ball die proceeded to the middle portion of the tube.
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κ
κ

κ

κ

κ

 

Figure 5. Pentagonal deformation.

On the other hand, two-step processing prevented the pentagonal deformation. In the first step,
the tube was processed under a diameter reduction ratio κD of 5.3%. In the second step, the tube was
processed again at the target diameter DT such as 17 or 16 mm. It is considered that the pentagonal
deformation occurred because the tube axis was not held tightly against the large pushing force of
the ball.

2.2.3. Dimensional Accuracy of Formed Tube

Figure 6 shows the distribution of the outer diameter of the formed tube in the processed section.
The variation of the outer diameter in the processing section of the tube for 50 mm length was 0.04 mm
or less in each processing condition. The deviation between the outer diameter of the formed tube and
target was approximately 0.2 mm.

 

α
α

 

Figure 6. Distribution of the outer diameter of the formed tubes.

2.2.4. Torsional Deformation of Tube

When the ball die moved towards the free end in the processing, the formed portion of the tube
was twisted. The effect of the feed pitch f on the twist angle α of the tube is shown in Figure 7. The twist
angle α decreased with the increase in the feed pitch f as the increase in f lead to the decrease in
tube-rotation number L/f. On the other hand, no twisting occurred when the ball die was moved
towards the chucked end. Therefore, the effect of the feed direction of the ball die on the torsional
deformation of the tube was significant.
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α
α

Figure 7. Relationship between the feed pitch and twist angle.

2.2.5. Thickness Increase in the Tube

Figure 8 shows the longitudinal section of the portion at the beginning of processing. The thickness
increasing ratio ηwas defined as the following equation.

η = (t − t0)/t0 (1)

where t0 and t were the tube thickness before and after forming, respectively. The thickness increasing
ratio η showed the opposite tendency to the tube elongation rate. As mentioned in the previous
section, the tube elongation was small in the case that the ball die moved from the free to chuck side.
In Figure 8a, the thickness increasing ratio η was 11.1% when the ball die moved towards the free end,
that is, when elongation deformation is likely to occur. On the other hand, as shown in Figure 8b,
the thickness increasing ratio ηwas 13.0% when the ball die moved towards the chuck end. This is a
reasonable result in the view of the constant volume law.

 

η

η −

η

η

η

 

κ
κ

Figure 8. Cross-section of the tube (a) κD = 10.5 %, n = 85 rpm, f = 1.5 mm/rev, feed direction: chuck to
free side (b) κD = 10.5 %, n = 85 rpm, f = 1.5 mm/rev, feed direction: free side to chuck.
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3. Experiment with a Cam-Implemented Ball Die

3.1. Development of a Cam-Implemented Ball Die

A cam-implemented ball die was developed to investigate the effects of the radial feeding ratio
and the diameter of the steel balls on the formability. In the above-mentioned experiments, the ball die
was mounted on a lathe and the radial position of the balls was manually controlled by the handle,
and then it was not possible to adjust the radial feeding ratio of the balls or to change the ball size
without the major modification of the ball die. Therefore, a new ball die was developed for the stable
control of the radial position of the balls and the concise exchange of the balls.

The structure of the cam-implemented ball die is shown in Figure 9. The ball diameter can be
changed by using a “free bear” in place of steel balls. The free bear is composed of a steel ball, a cylinder,
and dozens of supporting small balls. The small balls help the steel ball to rotate in a frictionless
manner. The servo motor applies rotational displacement to the ball guide. The inner surface of the ball
guide is designed so that the rotational displacement of the ball guide is proportional to the pushing
depth. For each 8600◦ rotation of the servo motor, the ball is pushed 1 mm. The pushing pitch and
pushing depth were controlled by controlling the number of revolutions and rotation speed of the
servo motor. The steel ball in the free bear is pushed in the radial direction of the tube. The curved
surface of the inner surface of the ball guide was designed so that the rotational displacement of the
ball guide is proportional to the pushing amount of the free bear. The newly developed ball die was
mounted on a LM guide instead of a lathe. LM Guide is a machine element part that uses “rolling” to
guide the linear motion part of a machine.

 

 

Φ

Figure 9. Schematic diagram of cam-implemented ball die.

An overall view of the experimental machine is shown in Figure 10. A characteristic of the newly
developed experimental machine is that the axial feed and the radial push are controlled by separate
servo motors. This makes it possible to change the rate of reduction in diameter while the ball die
travels in the axial direction, making it possible to deform tubes into a greater variety of shapes.

The effects of pushing pitch of the ball and ball diameter on the formability were investigated
using this machine.
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 machine. 

 

Φ

Figure 10. Overall view of the experimental equipment.

3.2. Materials and Methods

AA1050 tubes with a wall thickness of 1 mm and an outer diameter of 19 mm were used in the
experiments. The steel balls in the free bear were made of high carbon-chromium bearing steel SUJ2
(Japan Industrial Standard, JIS). Machine oil was applied to the surface of the tube during processing.

A schematic diagram of the experimental machine is shown in Figure 11. One end of the tube
was fixed to a chuck connected to the spindle motor, and the other end was held by a centering rod
inside. In addition, a centering cap was set near the processing portion for preventing axial and radial
vibration during processing. A schematic diagram of the experimental procedure is shown in Figure 12.
The experiment was carried out by changing the amount of pushing of the steel balls into several
locations of a single tube. Three free bears with steel balls with diameter Φb were pushed into the
tube in the radial direction until the outer diameter of the part became the target outer diameter D.
The pushing pitch of the ball f R was set to be constant. After holding the ball position for 3 seconds at
the target diameter, the balls were released. After that, the ball die was moved in the axial direction
of the tube, and the steel balls were pushed in again. This process was performed for different ball
diameters Φb and pushing pitches of the ball f R. The parameters of the experimental conditions are
shown in Table 2.
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Figure 11. Schematic diagram of the experimental machine.
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Figure 12. Schematic diagram of processing.

Table 2. Conditions of experiment.

Tube diameter D0/mm 19
Wall thickness t0/mm 1.0
Ball diameterΦb/mm 15.9, 19.1, 25.4

Pushing pitch f R/mm·rev−1 0.042, 0.083, 0.125, 0.167
Pushing depth δ/mm 0.5 1.0 1.5 2.0 2.5 3.0 3.5

Target diameter D/mm 18 17 16 15 14 13 12
Diameter reduction ratio κ/% 5.3 10.5 15.8 21.1 26.3 31.6 36.8

3.3. Results and Discussion

3.3.1. Effect of Steel Ball Diameter

Figure 13 shows the effect of ball diameter Φb on tube appearance and formability at pushing
pitch f R = 0.042 mm/rev. The cross-section of the formed tubes is shown in Table 3. The maximum
diameter reduction ratio without the defects of polygonization increased with decreasing the steel
ball diameter. When the ball diameter Φb = 15.9 mm, the tube could be formed under reduction
ratio κ = 21.1% without defects. For steel ball diameters Φb = 19.1 mm and 25.4 mm, the tube was
polygonalized at the target diameters of D = 16 mm and 15 mm. The polygonization of the tube is
thought to occur when the central axis of the rotating tube deviates from the central axis of the tool.

 

η
≤

Figure 13. Appearance of formed tube when f R = 0.042 mm/rev.
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Table 3. Cross-section of formed tube when f R = 0.042 mm/rev.

 

 
Target Diameter D/mm 

14 15 16 17 18 

15.9 

     

19.1 

  

   

25.4 

 

    

 

η
≤

Figure 14 shows the longitudinal sections of the formed tubes for the examination of wall thickness.
Table 4 shows the thickness increasing ratio η, which has been introduced by Equation (2). The thickness
of the necked area decreased with decreasing target diameter D. In the case of D ≤ 15 mm, the surface
integrity deteriorated at the boundary between the formed and un-formed areas. The axial distance
from the neck point with the smallest diameter [A] to the boundary of the formed area on the free end
[B] is larger than from [A] to the boundary on the chuck side [C]. From these facts, it is considered that
the force to stretch the material around the center of the workpiece is acting in the axial direction by
pushing the steel ball into the workpiece. In particular, this stretching effect is strong on the free side.

 

 

η

η

Φ

Φ

Figure 14. Cross-section of the tube (ball diameter Φb = 15.9 mm, pushing pitch f R = 0.042 mm/rev).
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Table 4. The thickness increasing ratio η.

D/mm η/%

18 0.0
17 1.1
16 −6.4
15 −20.4
14 −44.7
13 −40.2

3.3.2. Effect of Pushing Pitch

Figure 15 shows the effect of pushing pitch on the appearance and formability with a steel ball
diameterΦb = 15.9 mm. The cross-sectional states of the formed tubes are shown in Table 5. The results
indicate that the tube was polygonalized with increasing pushing pitch. It is considered that as the
pushing pitch increases, the contact area between the tube and the ball increases per rotation, and thus
the tube perimeter did not shrink sufficiently and the surplus perimeter caused the polygonization
force to disperse.

η

η

Φ

ΦFigure 15. Appearance of formed tube when Φb = 15.9 mm.

Table 5. Cross-sectional state of the formed tubes.

Ball Diameter
Φb = 15.9 mm

Target Diameter D/mm

Pushing Pitch
f R/mm·rev−1 14 15 16 17 18

0.042 △ # # # #

0.083 × × △ # #

0.125 × × × # #

0.167 × × △ # #

4. Conclusions

The following conclusions can be drawn from the present research:

1 A ball die, which can push the balls flexibly in the radial direction, was developed.

2 It was possible to reduce the tube diameter at the halfway point of an AA1050 tube whose
diameter and thickness were 19 and 1 mm, respectively. The maximum diameter reduction ratio
for forming the tube without any defects was 10.5% in the case of one-pass forming.

3 When processing with a large diameter reduction rate was performed, the cross-section deformed
to a pentagonal shape. This defect was improved by two-pass forming.
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4 A smooth formed surface was obtained under the condition of the appropriate feed pitch. If the
feed pitch was too large, spiral marks appeared on the surface of the tube.

5 Elongation and twisting of the tube could be suppressed by increasing the feed pitch or feeding
the ball die towards the chucked end.

6 The smaller diameter of the steel ball made it possible to process a larger diameter reduction ratio.

7 The maximum diameter reduction ratio got bigger with decreasing the pushing pitch of the
steel balls.

8 When a steel ball was pressed into the tube, the wall thickness of the tube decreased with an
increase in the pushing depth.
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Abstract: Manufacturing of irregular bellows with small corner radii and sharp angles is a challenge
in tube hydroforming processes. Design of movable dies with an appropriate loading path is an
alternative solution to obtain products with required geometrical and dimensional specifications.
In this paper, a tube hydroforming process using a novel movable die design is developed to decrease
the internal pressure and the maximal thinning ratio in the formed product. Two kinds of feeding
types are proposed to make the maximal thinning ratio in the formed bellows as small as possible.
A finite element simulation software “DEFORM 3D” is used to analyze the plastic deformation of
the tube within the die cavity using the proposed movable die design. Forming windows for sound
products using different feeding types are also investigated. Finally, tube hydroforming experiments
of irregular bellows are conducted and experimental thickness distributions of the products are
compared with the simulation results to validate the analytical modeling with the proposed movable
die concept.

Keywords: tube hydroforming; movable die; loading path; finite element simulation; irregular bellows

1. Introduction

Tube hydroforming is a forming technique that utilizes a high internal pressure to bulge the tube
material to fit the die shape and then obtain the desired product shape. Nowadays, tube hydroforming
technologies have been widely applied in automotive and aerospace industries for manufacturing
stronger and lighter products. However, higher pressures and complicated loading paths are required
in manufacturing of complex shape products. If loading path or the relationship between the internal
pressure and axial feeding is not controlled appropriately, various defects such as bursting and
wrinkling, etc., would probably occur [1].

Metal bellows have been widely applied in various industries, such as chemical plants,
power systems, heat exchangers, automotive vehicle parts, etc., for absorbing the irregular
expansions of the pipes, damping vibration of the circumference and mechanical movements [2,3].
Conventional regular metal bellows with multiple convolutions are usually manufactured by hydraulic
bulging and die folding. At first, a blank tube is bulged outward with an internal hydraulic pressure
and then an open die set of multiple plate dies moves axially to fold the bulged tube into the desired
shape [4,5]. However, for irregular bellows, in which the outer diameter of the bellows is not much
larger than its inner diameter, the conventional manufacturing method combining hydraulic bilging
and die folding cannot be applied to this kind of irregular bellows. This kind of irregular bellows
can only be made by hydraulically bulging the tube into the desired shape under an irregular closed
die set. Especially for an irregular bellows with small radii and sharp angles, it is difficult to make
the tube material flow into the corner of the closed die completely using a hydraulic bulging process.
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Furthermore, a quite large internal pressure is required and a non-uniform thickness distribution is
probably obtained.

Recently, several die design concepts and optimizations of loading paths have been proposed to
increase the formability and obtain a more uniform thickness distribution in the product. For example,
Ngaile and Lowrie [6] conducted several kinds of punch shape designs in floating-based micro-tube
hydroforming to manufacture Y, T, and bulged-shape tubes. The length of the punches was investigated
to prevent occurrence of buckling during the hydroforming process. They found that the notched
punch is stronger in withstanding the axial loads. Shinde et al. [7] used a high internal pressure to
bulge a circular cold-rolled steel tube into a square shape. The effects of die corner radius, length of
tube, tube thickness and internal pressure on thinning ratios were discussed. The results showed that
the tube length and die corner radius affect tube thinning significantly. In addition, no matter how
long the tube length is, a thicker initial tube thickness and a higher internal pressure can improve the
product quality. Elyasi et al. [8] proposed a die design concept to obtain a sharp corner tube with a
thickness thinning ratio of 20%. Zhang et al. [9] added two movable sleeves in the die set to enhance
the formability in a hydroforming process of stainless steel sheets. Comparing with the conventional
hydroforming without movable sleeves, the internal pressure was significantly reduced from 180
to 47 MPa, and the die corner was well filled with the blank material. Meanwhile, a more uniform
thickness distribution was obtained. Tomizawa et al. [10] proposed an axial movable die concept
in a hydroforming process to obtain a small corner radius and a uniform thickness distribution of
the formed product with a lower internal pressure. Hwang and Chen [11] proposed a compound
hydroforming concept to manufacture an asymmetric profiled tube. The loading paths are composed
of a die crushing stage, a punch feeding stage and an internal pressurization stage. The loading path
was well designed and controlled so that a corner radius of 6 mm was formed with a low internal
pressure of 18 MPa. Hwang et al. [12] used finite element codes LS-DYNA and DYNAFORM to analyze
the plastic flow pattern of a tube hydroformed into a product with large expansion ratio and eccentric
axes. They proposed a movable die set concept to enhance the forming capacity of tube hydroforming
technology. From the geometric analysis, the relative speed of the axial feeding to the movable die was
determined and a more uniform thickness distribution was obtained.

In addition to the design of hydroforming die sets, loading paths also have a great influence
on the thickness uniformity of the product. Yuan et al. [13] investigated the wrinkling behavior in
tube hydroforming processes. They divided it into two types: useful wrinkles and dead wrinkles.
If the axial feeding and the internal pressure matched up well, the so-called useful wrinkles could
be an effective way to accumulate tube materials in the expansion zone and the formability could be
increased. Xu et al. [14] carried out experiments to show the superiority of pulsating loading path over
the monotonic loading path. A higher pressure and a larger axial stroke could be applied without
tube bursting, which meant the forming limit could be extended. Imaninejad et al. [15] used the
finite element simulations and an optimization software to optimize the loading paths in T-joint tube
hydroforming processes. Experiments were carried out on aluminum tubes to validate the reliability
of the simulation results. Hama et al. [16] used the finite element analysis to discuss the effects of
three loading paths on the tube formability in a hydroforming process. If local wrinkling occurred,
the tube formability became worse. They applied an axial feeding after the free bulging stage to obtain
a product without defects.

The above literature is focused on hydroforming die sets and loading path design to solve problems
on occurrence of defects, excessive thinning or nonuniform thickness distribution in T or Y-shape
tube hydroforming processes. In this study, a novel movable die concept is proposed to manufacture
irregular bellows with sharp angles. According to hydroforming machine categories, two kinds of
movable die feeding types for the loading path are designed. The forming windows for sound products
without defects using a lower forming pressure are discussed. Experiments of hydroforming are also
conducted to validate the proposed novel movable die concept and loading paths.
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2. Movable Die Design and Loading Path Definition

2.1. Shape and Geometry

Figure 1 shows the geometrical shape of an irregular bellows. The irregular bellows has a
symmetric axis, but it is not symmetric at its both ends. It consists of two bulged regions (zones I and II)
and a conical region (zone III) with an inclination angle θ. In the two bulged regions, the tube surfaces
are two circular arcs with different curvature radii (r1 and r3) and are connected by a circular arc of
radius r2. The conical part (zone III) connects zone II with another circular arc of radius r4. t is the
bellows thickness. d1, d2 and d3 are the diameters of the bellows at the left end, middle part, and the
right end, respectively. l is the bellows length. Since the maximal thinning ratio usually occurs at
points A, B, or C, the thickness distribution and thinning ratios at points A, B, and C are discussed
in the following sections. Conventional metal bellows have multiple wrinkles or convolutions. As a
result that the outer diameter of each convolution is much larger than its inner diameter, they can be
manufactured by hydraulic bulging and die folding processes. The outer diameter d3 in Figure 1 is not
much larger than its original tube diameter d1. This kind of irregular bellows can only be made by a
hydraulic bulging process under a closed die set.

 

θ

Figure 1. Geometrical configuration of an irregular bellows.

2.2. Movable Die Design

To increase the productivity and balance the axial forces from the left and right punches,
a hydroforming die set is designed to manufacture two bellows in one forming pass. Another irregular
bellows with inverse direction is allocated at the right hand side, as shown in Figure 2a. The central
part (zone C) connecting the conical regions of the two bellows is designed to let the tube flow into the
conical part easily. Part A at both ends of the die set is designed as a guiding zone. After forming,
parts A and C of the formed product would be cut off and part B would be the desired irregular
bellows products.

 

θ

 
(a) 

Figure 2. Cont.
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(b) 

Figure 2. Cross-sectional configurations of designed die set. (a) Traditional die set; (b) Movable die set.

For a movable die design, the hydroforming die set is divided into three parts: a fixed central die
(zone C) and two movable dies (zones A and B) as shown in Figure 2b. The movable dies are separated
from the fixed die by a gap of width L at the beginning of the process. The hydroforming process is
divided into three stages. The relationship between the internal pressure and the die movement at
each stage is shown in Figure 3, where L is the die gap width, P1 and P2 are the pressures at the free
bulging stage (stage I) and die feeding stage (stage II), respectively, and Pf is the final pressure at the
calibration stage.

 

 

Figure 3. Designed loading path in hydroforming process with movable dies.

The geometric configurations of the dies and tube for the three stages in the hydroforming process
are shown in Figure 4. The initial geometric configuration between the punch, dies and tube is shown in
Figure 4a. At the first stage, only internal pressure is applied into the tube to bulge the tube and make the
tube undergo slight plastic deformation, as shown in Figure 4b. At the second stage, movable dies start to
move forward to make the tube flow into the die corner, as shown in Figure 4c. At this stage, the internal
pressure can be adjusted. At the final stage, the movable dies are closed completely, and a higher internal
pressure is input to calibrate the tube to fill into the die corner completely, as shown in Figure 4d.

 Figure 4. Geometric configurations of dies and tube at each stage. (a–d): Initial State to Stage III.
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2.3. Movable Die Feeding Types

According to hydroforming machine categories, two kinds of movable die feeding types are
proposed. For a hydroforming machine with two sets of hydraulic cylinders, one set of cylinders
is used to push punches to seal the tube. The other set of cylinders is used to push the movable
dies forward. This kind of feeding type is called feeding type 1. The geometric configurations of
the movable die, tube, punch, and hydraulic cylinders for movable die feeding type 1 are shown in
Figure 5. At the beginning, the tube is placed inside the die set and is sealed at both ends by the punch
head pushed by cylinder set 1, as shown in Figure 5a. Then, hydraulic oil is input to bulge the tube,
as shown in Figure 5b. During the die feeding stage (stage II), movable dies are pushed forward by
cylinder set 2. The configurations of the tube and die after stage II are shown in Figure 5c. Finally,
a calibration pressure is applied to make the tube material fill into the die cavities as much as possible,
as shown in Figure 5d.

 

 

Oil sealing Oil sealing 

Figure 5. Forming procedures for feeding type 1 with two sets of cylinders (only movement of movable
die). (a–d): Initial State to After Stage III.

For a hydroforming machine with only one set of hydraulic cylinders, the movable die movement
and oil sealing function have to be accomplished by the only one set of cylinders simultaneously.
This kind of feeding type is called feeding type 2. The forming procedures for feeding type 2 are also
divided into three stages, as shown in Figure 6. At stage I, the cylinder set is used to seal the tube as
the operation in feeding type 1. Initially, a small gap between the movable die and punch shoulder
should be set. The gap is closed by the movement of the punch (cylinder) and the oil sealing function
is accomplished accordingly. At stage II, only the one cylinder set is used to push punches to seal
the tube and push the movable dies moving forward simultaneously. That is, the moving distance of
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movable die is the same as that of the punch, as shown in Figure 6c. At stage III, a higher internal
pressure is input to calibrate the tube like the procedure in feeding type 1.

 

 

 

Oil sealing Oil sealing 

Figure 6. Forming procedures for feeding type 2 with one set of cylinders (Simultaneous movement of
movable die and punch). (a–d): Initial State to After Stage III.

3. Finite Element Simulations

3.1. Finite Element Modeling

A commercial finite element software, DEFORM-3D, was used to simulate the hydroforming
process. The tube material used in this study was stainless steel of SUS321. Tensile tests were conducted
to obtain the mechanical properties and flow stress of SUS321. Table 1 shows the parameters used
in the finite element simulations. Table 2 shows the dimensions of the irregular bellows simulated.
The definition of the geometric variables is shown in Figure 1. To shorten the simulation time, only one
quarter of the objects were used in the FE simulations. Convergence analyses were implemented. Finite
element simulations with total element numbers of 20,000, 30,000, 40,000, 50,000, 65,000, and 75,000
were conducted. The simulation results of the maximal thinning ratio in the product were listed and
the difference between two successive simulation results were compared. It was found that the relative
differences in the maximal thinning ratios in the product decrease to within 1% as the total element
number increases to 65,000. Accordingly, 75,000 tetrahedron elements were set for the tube in the
subsequent finite element simulations. The minimal mesh length is about 0.09 mm. There are five
layers of meshes in the thickness direction. The mesh configuration in the tube and the geometric
configurations between the tube, punch, movable die and fixed die in FE simulations are shown in
Figure 7.
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Table 1. Forming parameters used in FE simulations.

Material SUS321

Young’s modulus (GPa) 178

Yield stress (MPa) 403

Flow stress (MPa) σ = 403 + 1270 ε0.66

Poisson’s ratio 0.33

Tube outer diameter, do (mm) 9.53

Tube thickness, t0 (mm) 0.49

Punch velocity (mm/s) 0.1

Movable die velocity (mm/s) 0.1

Friction coefficient 0.05

Mesh number 75,000

Mesh layer number in thickness direction 4

Minimum mesh length (mm) 0.09

Table 2. Dimensions of simulated irregular bellows.

Variables Values

d1 10.08 mm

d2 9.65 mm

d3 13.25 mm

r1 5.84 mm

r2 7.62 mm

r3 5.94 mm

r4 1.27 mm

l 18.33 mm

θ 45◦

 

 

σ ε

𝑙θ

 

Figure 7. (a) Mesh configuration in tube, (b) geometric configurations between tube, punch, movable die,
and fixed die in FE simulations.
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3.2. Forming Windows for Different Feeding Types

In tube hydroforming of a product with small corner radii, a quite high hydraulic pressure
is generally required and some defects probably occur if the loading path is not controlled
appropriately [17]. The biggest advantage of applying movable dies is the reduction of the required
maximal internal pressure. Figure 8 shows the comparisons of the product geometries and internal
pressures needed with and without movables die design. Using a loading path of feeding type 1,
the internal pressure is set as P1 = P2 = 57.5 MPa, Pf = 120 MPa, and the die gap width is set as
L = 3.9 mm, an irregular bellows product with desired shape and a small corner radius of r = 0.63 mm
was obtained, as shown in Figure 8a, Using a loading path of feeding type 2, a good bellows shape was
also obtained with an internal pressures of P1 = P2 = 50 MPa, as shown in Figure 8b. However, using a
conventional hydroforming process without movable die design, a bellows shape with a large corner
radius of 4.7 mm was obtained by a quite large internal pressure of 200 MPa, as shown in Figure 8c.
Clearly, using movable die design, a quite small corner radius in the hydroformed bellows could be
obtained with a much smaller internal pressure.

 

 

Figure 8. Comparisons of hydroformed bellows shapes with and without movable die design.

3.2.1. Forming Windows for Feeding Type 1

The process schedule for feeding type 1 is shown in Figure 5, in which only the movable die is
pushed forward and the punch is used for oil sealing function only. A larger die gap L can make more
tube material flow into the die cavity and can make the required bulging pressure smaller. However,
if L is too large, the tube is probably bulged into the cavity too much at the free bulging stage (stage I),
and the tube material would probably be clamped between the fixed and movable dies and this defect
is called clamping. Thus, it is important to find the limitation of L and the relationship between L and
the free bulging pressure, P1, under which no clamping occurs.

Theoretically, there is no limitation for L in feeding type 1, because of no wrinkling or buckling
occurring in feeding type 1. However, for a fixed die gap L, there is a constrained boundary for the
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bulging pressure P1. The minimum bulging pressure depends on the tube yield stress, die contact
geometries, and tube dimensions. In other words, the bulging pressure must be large enough to make
the tube deform plastically. Generally, the time period at stage II of the loading path in Figure 3 is quite
short. To simplify the loading path, let the internal pressure Pi = P1 = P2 [4,9]. From finite element
simulations, the forming windows or formability ranges between L and Pi for feeding type 1 and the
corresponding maximal thinning ratio curves are shown in Figure 9. Firstly, set the die gap L = 0.2 mm
and divide the internal pressure Pi between 300 and 500 MPa into many small levels, with which
the FE simulations are conducted. From the series of simulation results, the lower and upper critical
internal pressures for sound products are determined. After that, L is increased with an increment of
∆L = 0.2 mm and a series of simulations are conducted to determine the corresponding lower and
upper critical internal pressures. The simulations are repeated until L reaches 7 mm and all the lower
and upper critical internal pressures for each L are obtained. Finally, curves C1 and C2 are drawn to
represent the upper and lower boundaries of the safe region, respectively. Curve C1 represents the
upper critical values of Pi, over which clamping defects occur, and C2 presents the lower critical values
of Pi, under which the tube cannot fill up the die cavity after stage II. In other words, the region on the
upper-right side of curve C1 means the occurrence of tube clamping, and the region on the lower-left
side of curve C2 means that the die cavity cannot be filled up with the tube completely. The region
between curves C1 and C2 is called the forming window, in which no clamping occurs and there is
complete tube filling in the die cavity. From Figure 9, it is clear that the range of the allowable bulging
pressure gets narrow as the die gap width L increases. When L is 3.3 mm, the allowable bulging
pressure range is smaller than 5 MPa. At the maximal die gap, L = 7.1 mm, the bulging pressure can be
reduced to 46 MPa, which is the minimum bulge pressure to make the tube deform plastically with a
yielding stress of 403 MPa, an initial tube thickness of t0 = 0.49 mm, and an initial tube diameter of
do = 9.53 mm. The maximal thinning ratios of the formed bellows after calibration for curves C1 and
C2 are also shown in Figure 9. Clearly, the mean value of the maximal thinning ratios decreases greatly
with the die gap width L as 0.1 < L < 3 mm.

 

Δ

 

Figure 9. Forming windows and maximal thinning ratios for feeding type 1.

3.2.2. Forming Windows for Feeding Type 2

The process schedule for feeding type 2 is shown in Figure 6, in which the movable dies and tube
are pushed forward simultaneously by one set of punches. The maximal die gap L is determined from
the volume of the formed bellows and the initial tube dimensions. The geometrical configuration of a
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tube bulged to fill up the die cavities perfectly without thinning is shown in Figure 10. The radius
functions of the outer and inner surfaces of the formed tube along the symmetric z axis are assumed as
f (z) and g(z), respectively. The formed bellows is composed of seven arcs (zones 1–5, 7, and 9) and three
straight lines (zones 6, 8, and 10), as shown in Figure 10. Arcs 1, 3, 5, and 9 curve upward, while arcs 2,
4, and 7 curve downward. A minus sign has to be input in front of the radius functions for arcs curving
upward. Therefore, the radius functions at zones 1–5, 7, and 9 at the outer surface can be expressed as:

fi(z) = (−1)i
[

Ri
2 − (z− zci)

2
]1/2

+ rci, zi−1 ≤ z ≤ zi, i = 1–5, and 9 (1)

f7(z) =
[

R7
2 − (z− zc7)

2
]1/2

+ rc7, z6 ≤ z ≤ z7 (2)

where Ri is the radius of curvature at the outer surface of section i, i = 1–5, 7, and 9. zci and rci are the z

and r coordinates of the arc centers at zones 1, 3, 5, and 9. zi−1 and zi are the integration boundaries of
zone i at the outer surface. The radius functions at zones 6, 8, and 10 are straight lines, and can be
expressed as:

f6(z) = z− 15.959, z5 ≤ z ≤ z6 (3)

f8(z) = 29.912− z, z7 ≤ z ≤ z8 (4)

f10(z) = 5.684, z9 ≤ z ≤ z10 (5)

 

𝑓 (𝑧) = (−1) 𝑅 − (𝑧 − 𝑧 ) / + 𝑟 𝑧 ≤ 𝑧 ≤ 𝑧 𝑖 
𝑓 (𝑧) = 𝑅 − (𝑧 − 𝑧 ) / + 𝑟 , 𝑧 ≤ 𝑧 ≤ 𝑧  𝑧 𝑟𝑧 𝑧

𝑓 (𝑧) = 𝑧 − 15.959 𝑧 ≤ 𝑧 ≤ 𝑧  𝑓 (𝑧) = 29.912 − 𝑧 𝑧 ≤ 𝑧 ≤ 𝑧  𝑓 (𝑧) = 5.684 𝑧 ≤ 𝑧 ≤ 𝑧  

𝑔 (𝑧) = (−1) 𝑅 − 𝑧 − 𝑧 + 𝑟 , 𝑧 ≤ 𝑧 ≤ 𝑧 , 𝑗 = 1– 5, and 9 
𝑔 (𝑧) = 𝑅 − (𝑧 − 𝑧 ) / + 𝑟 𝑧 ≤ 𝑧 ≤ 𝑧  𝑅 𝑧

𝑔 (𝑧) = 𝑧 − 16.651 𝑧 ≤ 𝑧 ≤ 𝑧  𝑔 (𝑧) = 29.219 − 𝑧 𝑧 ≤ 𝑧 ≤ 𝑧  

Figure 10. Geometric configurations of formed bellows. (Left-half part).

The inner surface is also composed of seven arcs and three straight lines. The thickness of the
formed bellows is assumed to be uniform and the same as the initial thickness of the tube, t0 = 0.49 mm.
Thus, the arcs at zones 1–5, 7, and 9 have the same circular center as those of the outer surface, fi(z).
The radius functions of each zone are listed below.

g j(z) = (−1) j
[

R′j
2 −

(

z− zcj

)2
]

1
2
+ rcj, z j−1 ≤ z ≤ z j, j = 1–5, and 9 (6)

g7(z) =
[

R′7
2 − (z− zc7)

2
]1/2

+ rc7, z6 ≤ z ≤ z7 (7)
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where R′
j

is the radius of curvature at the inner surface of section j, j = 1–5, 7, and 9. z j is the integration
boundary of each zone of the inner surface. The straight lines at the inner surface have the same slopes
as those at the outer surface, so the radius functions at zones 6, 8, and 10 can be expressed as

g6(z) = z− 16.651, z5 ≤ z ≤ z6 (8)

g8(z) = 29.219− z, z7 ≤ z ≤ z8 (9)

g10(z) = 5.194, z9 ≤ z ≤ z10 (10)

The relationship between the radii of curvature at the outer and inner surfaces can be expressed as:

∣

∣

∣Ri−R′i

∣

∣

∣ = t0 (11)

The volume of the finally formed bellows, Vb, can be found using the disk integration method
as below:

Vb = π
10
∑

i = 1

∫ zi

zi−1

f 2(z) dz−π

10
∑

j = 1

∫ z j

z j−1

g2(z) dz (12)

The tube volume can be written as below.

Vt =
π

4

(

do
2 − di

2
)

l0 (13)

where do and di is the initial outer and inner tube diameters, and l0 is the tube length. The volume
of the formed bellows must be equal to that of the tube, i.e., Vb = Vt. From Equations (12) and (13),
l0 can be determined. The maximal die gap Lmax is the difference between the die length le, as shown
in Figures 2a and 10, and the initial tube length l0 as below.

Lmax = l0 − le (14)

According to the dimensions of the formed bellows shown in Table 2, the volume of the formed
bellows by Equation (12) can be obtained as 378.65 mm3. If do = 9.53 mm, di = 8.55 mm and le = 22.2 mm,
the initial tube length is l0 = 27.81 mm, and the maximal die gap is Lmax = 5.61 mm.

Figure 11 shows the forming windows or formability ranges between L and Pi for feeding type
2 and the corresponding maximal thinning ratio curves. Generally, the range of allowable forming
pressure becomes narrower as the die gap L increases. The maximal die gap Lmax obtained by
FE simulations is 5.5 mm which is quite close to the theoretically calculated value of 5.61 mm by
Equation (14). In feeding type 2, wrinkling probably occurs at a large axial feeding and a low internal
pressure. Therefore, the region on the upper-right side of curve C1 means the occurrence of tube
clamping just like the case for feeding type 1, whereas the region on the lower-left side of curve
C2 means that tube buckling occurs or the die cavity cannot be filled up with the tube completely.
The region between curves C1 and C2 is the forming window, in which no clamping occurs and the die
cavity is filled up with the tube completely. As L exceeds 4.7 mm, the allowable pressure becomes so low
that tube wrinkling would probably occur due to axial feeding from the punch. However, because the
movable dies also move forward along with the punches simultaneously, the tube wrinkling could be
smoothed out by the movable die surfaces and the calibration pressure at the last stage.

129



Metals 2020, 10, 1518

 

 

Figure 11. Forming windows for feeding type 2.

From Figures 9 and 11 for the forming windows using feeding types 1 and 2, it is known that the
maximal thinning ratio can be reduced greatly by increasing the die gap L. Meanwhile, the bulging
pressure can also be reduced greatly. For example, if the die gap is set as L = 2–4 mm, the maximum
thinning ratios can be reduced to about TR = 11–15% and TR < 10% for feeding types 1 and 2,
respectively. On the other hand, the bulging pressure required with L = 0.1 mm can be reduced to only
approximately one sixth of the original pressure if the die gap is set as L > 3 mm.

Strain hardening exponents exhibit the formability of the tube material and the interface friction
affects the flowability of the tube material during the forming process. The final total strain of the
deforming tube is not so large and the relative movement between the tube and die is also not so severe
in the hydroforming process with the proposed movable die concept. Thus, the effects of the strain
hardening exponent and friction coefficient on the upper and lower boundaries of the safe region are
considered to be small and limited.

4. Tube Hydroforming Experiments

A hydroforming machine with only one pair of cylinders was used to conduct tube hydroforming
experiments of irregular bellows. Thus, movable die feeding type 2 was adopted in the experiments.
This machine has a capacity of an internal pressure of 200 MPa, a die closing force of 200 ton, and an
axial stroke of 150 mm. The geometric configurations of a self-designed die set is shown in Figure 12.
As a result that two irregular bellows are formed at one pass, one pair of movable dies, one fixed die,
two gaskets, and one pair of T-shape slideways in the upper track were designed and assembled in
the upper die set. To avoid the upper movable dies dropping from the upper die holder, two T-shape
slots were designed on the top surface of the movable dies. Four gaskets were inserted between the
movable dies and the die holders to adjust the die gap width L between the movable die and fixed die.
Four springs were used to keep the movable dies at the initial positions. As a result that the forming
stage II in the loading path shown in Figure 3 is quite short, a constant internal pressure (P1 = P2) [5,14]
was set in the hydroforming experiments. Stainless steel SUS321 seamless tubes with an outer diameter
of 9.53 mm were used as the specimens in the hydroforming experiments. The thickness distributions
of the tubes were measured and some thickness variations of 0.45–0.49 mm in the circumferential
direction were found. The average thickness of the tubes was about 0.47 mm. After experiments,
the hydroformed irregular bellows were cut into two halves by electric discharge wire cutting and the
thickness distributions of the products were measured. Figure 13 shows the completed lower part of
the movable die set for the hydroforming experiments.
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Figure 12. Geometric configurations of self-designed movable die sets.

 

 

Figure 13. Completed lower part of movable die set for hydroforming experiments.

Hydroforming experiments of irregular bellows with a loading path of internal pressure
P1 = P2 = 70.2 MPa and die gap width of L = 1.47 mm were carried out. The appearances at
the outside and inner views of a hydroformed bellows after stage II of die feeding are shown in
Figure 14a,b, respectively. Generally, a sound product with desired shape was obtained successfully.
The central part and both ends of the product would be cut off and two irregular bellows with desired
shape and dimensions could be obtained.

 

Figure 14. Appearance of hydroformed product after loading path stage II. (L= 1.47 mm, P1 = 70.2 MPa).

131



Metals 2020, 10, 1518

The simulative and experimental thickness distributions at the upper and lower parts of the
hydroformed products are shown in Figure 15. Generally, the thicknesses at the upper part are larger
than those at the lower part of the hydroformed bellows, because there was some variation in the
initial thickness distribution of the tube. Generally, the simulative thickness distribution was quite
close to the experimental values. The thinnest positions occurred at points B1, and B2. Nevertheless,
the simulative thinning ratio was only TR = 5.11%, and the experimental values were only TR = 4.47%
at B1 and TR = 5.53% at B2.

 

 

Figure 15. Thickness distributions of formed product after loading path stage II. (L = 1.47 mm,
P1 = 70.2 MPa).

The simulative and experimental thicknesses and diameters of the formed product at the left
and right parts are summarized in Table 3. Even though there was some variation in the thickness at
the left and right positions, the deviations are all below 2%. The diameters at positions A, B, and C
were also measured to understand whether the die cavity is filled up with the tube material or not.
The diameters at positions C1 and C2 are 13.40 and 13.45 mm, respectively, which are larger than
13.25 mm, the designed diameter at the tip of the taper part. The diameters at positions A and B are
also quite close to the diameters at the corresponding die cavity. In other words, all the die cavities are
filled up with the tube and two sound bellows with designed geometric dimensions were obtained.
The maximal deviations in thicknesses and diameters between simulation and experimental values are
1.57% and 5.31%, respectively.

Table 3. Simulative and experimental thicknesses and diameters of formed product after stage II.

1 Experimental Results (mm) Simulation (mm)

Average thickness

tA1 = 0.465
(Deviation = 0%)

tA2 = 0.468
(Deviation = 0.64%)

tA = 0.465

tB1 = 0.449
(Deviation = 0.67%)

tB2 = 0.444
(Deviation = 0.45%)

tB = 0.446

tC1 = 0.449
(Deviation = 1.11%)

tC2 = 0.447
(Deviation = 1.57%)

tC = 0.454

Diameter

dA1 = 11.64
(Deviation = 4.47%)

dA2 = 11.64
(Deviation = 4.47%)

dA = 11.12

dB1 = 11.84
(Deviation = 0.42%)

dB2 = 11.84
(Deviation = 0.42%)

dB = 11.79

dC1 = 13.40
(Deviation = 5.31%)

dC2 = 13.45
(Deviation = 5.28%)

dC = 12.74
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5. Conclusions

In this paper, a tube hydroforming process using a novel movable die and loading path design
was developed to manufacture irregular bellows with small thinning ratios in the formed product.
A finite element simulation software “DEFORM 3D” was used to analyze the plastic deformation
of the tube within the die cavity using the proposed movable die design concept. Two kinds of die
feeding types were proposed to make the maximal thinning ratio in the formed bellows and the
needed internal pressure as small as possible. Using the movable die design with an appropriate
die gap width, the internal forming pressure needed can be reduced to only one sixth of the internal
pressure needed without the movable die design. From the forming windows for the two proposed die
feeding types, it is known that a larger die gap width is beneficial to reduce the free bulging pressure.
However, a narrow range for the allowable forming pressure probably results in the occurrence of
defects such as clamping and buckling if the forming pressure is not controlled precisely. Moreover,
an excessively large die gap width may increase the maximal thinning ratio for die feeding type 1.
Thus, a die gap width of 4 mm is an appropriate value that can improve the thickness distribution and
reduce greatly the forming pressure for the both feeding types. Maximal thinning ratios of 11.63% and
5.31% could be obtained for feeding types 1 and 2, respectively. Finally, a movable die set was designed
and manufactured and tube hydroforming experiments using feeding type 2 based on the forming
conditions used in the finite element simulations were conducted. Comparisons of the diameters and
the thickness distributions of the formed product between simulative and experimental results were
carried out. The maximal deviations in thickness and diameter between simulative and experimental
results were 1.57% and 5.31%, respectively, which validated the finite element modeling and the
movable die design concept proposed in this paper.
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Abstract: Friction at the interface between strips and dies is an important factor influencing the
formability of strip or sheet forming. In this study, the frictional behaviors of strips at variant
speeds were investigated using a self-developed strip friction test machine with a dual tension
mechanism. This friction test machine, stretching a strip around a cylindrical friction wheel, was used
to investigate the effects of various parameters, including sliding speeds, contact angles, strip materials,
and lubrication conditions on friction coefficients at the strip–die interface. The friction coefficients
at the strip–die interface were calculated from the drawing forces at the strip on both ends and the
contact angle between the strip and die. A series of friction tests using carbon steel, aluminum alloy,
and brass strips as the test piece were conducted. From the friction test results, it is known that
the friction coefficients can be reduced greatly with lubricants on the friction wheel surface and the
friction coefficients are influenced by the strip roughness, contact area, relative speeds between the
strip and die, etc. The friction coefficients obtained under various friction conditions can be applied
to servo deep drawing or servo draw-bending processes with variant speeds and directions.

Keywords: strip friction test; friction coefficient; surface roughness; sliding speed; contact pressure

1. Introduction

Friction conditions between the workpiece and die influence the deformed sheet or strip material
properties significantly. The surface grinding of the workpiece in contact with the die during the
stretching process not only affects the finally stretched sheet surface quality, but also the formability
of the forming process. The friction coefficient at the sheet–die interface is influenced by the surface
roughness of the sheet and die, as well as the relative sliding speeds between the sheet and die and
the contact pressure [1–3]. Tamai et al. [1] proposed a friction test apparatus, in which two identical
compressive forces act on the test piece surfaces and a drawing force is imposed at one end of the test
piece. The friction coefficient can be easily obtained from the force ratio. Tamai et al. [4] also developed
a nonlinear friction coefficient model that considers contact pressure, sliding velocity, and sliding
length to improve the accuracy of predictions of the formability of steel sheets. The effects of contact
pressure and sliding velocity under mixed lubrication were estimated based on a friction test in which
a long steel sheet was drawn between two dies. Servo press forming processes for a thin sheet utilize
more complicated slide motion control, and the sliding direction of the material relative to the die is
changed not only in sheet-forming but also in tube-forming processes. Such kinds of forming machines
and forming processes are increasing [4]. Thus, it is important to investigate the friction characteristics
when the slip direction is reversed in such a forming process.

Some researchers have proposed some friction test methods to measure friction coefficients in
sheet-forming processes. For example, Weinmann et al. [5] proposed a friction coefficient measuring
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apparatus in which a metal strip is bent into a U shape through two fixed cylindrical friction pins.
From the interaction of the pin and strip, coefficients of friction were calculated. Saha and Wilson [6]
also conducted similar friction tests. They found that the friction coefficients of the steel sheet with the
pins increased with the strip strain. That is because the plastic strain affected the strip surface roughness
and the actual contact surface area. However, the friction coefficients from aluminum strip friction
tests decreased with the strip strain because the severe plastic deformation made the contact area
smaller. Hsu and Kuo [7] discussed the effects of dry friction and lubrication conditions on the friction
coefficient and developed a boundary friction model, including plowing phenomena and bonding
stresses. Kim et al. [8] measured the friction coefficient to investigate the friction characteristics of a
coated metal and found that tool steel STD11 and copper alloys AMPCO have better surface roughness
and formability than other metals. Lemu and Trzepiecinski [9] explored the friction behavior of steel,
brass, and aluminum alloys with a self-developed friction test apparatus and discussed the effects of the
deformation strains on the friction coefficient under dry and lubricated conditions. Ramezani et al. [10]
used a steel pin as the counterpart under dry sliding conditions to investigate the friction coefficients of
ZE10 and AZ80 magnesium alloys numerically and experimentally. The experimental results showed
that increasing contact pressure lead to an increase in coefficient of friction for both alloys, while the
effect of sliding speed was negligible. Fridmen and Levesque [11] investigated the effects of sonic
vibrations on the coefficient of static friction for highly polished, ground, and sand-pitted steel surfaces.
The coefficient of static friction could virtually be reduced to zero as a result of increased vibrations at
frequencies between 6 and 42 kHz. Chowdhury et al. [12] carried out friction experiments under a
normal load of 10–20 N and rotation speed of 500–2500 rpm. The experimental results showed that
the friction coefficient decreased with the increase of sliding speed and normal load for aluminum
sheets. They also found that the wear rates increased with the increase of sliding speed and normal
load. Saha [13] developed a sheet tensile testing apparatus to measure the friction coefficient under
various conditions. It was found that the friction force of the steel sheet increased with the plastic
strain. That is because of a larger sheet roughness and a larger actual contact surface.

The level of generated vibrations is one of the most important exploitation parameters of rolling
bearings. Adamczak and Zmarzły [14] examined five pieces of type 6304 ball bearings by measuring
2D and 3D roughness parameters of the bearings races with a contact method on a Form Talysurf
PGI 1230 device made by Taylor Hobson. Statistical analysis based on the correlation calculation was
used to evaluate the impact of 2D and 3D roughness parameters of active surfaces of rolling bearings
on the level of generated vibrations. Ali et al. [15] adopted an experimental study to minimize the
boundary friction coefficient via nanolubricant additives. The tribological characteristics of Al2O3

and TiO2 nanolubricants were evaluated under reciprocating test conditions to simulate a piston
ring/cylinder liner interface in automotive engines. The experimental results have shown that the
boundary friction coefficient reduced by 35%–51% near the top and bottom dead center of the stroke
for the Al2O3 and TiO2 nanolubricants. Escosa et al. [16] evaluated the influence of both coating and
austenitization treatment of 22MnB5 steel on friction and wear of tool steels. The results showed that
Al–10%Si reduced the friction coefficient, while the hardening treatment resulted in an increase of
friction coefficient due to Fe2Al5 brittle compounds. Wu et al. [17] investigated the friction and wear
properties of the textured surfaces as well as the relationship between the tribological properties and
the texture parameters by high-speed dry sliding tests. The results showed that the dimple textured
titanium surfaces filled with molybdenum disulfide solid lubricants can effectively reduce the friction
coefficient, as well as its fluctuation, compared with the untextured samples and textured samples
without lubricants.

The above literature investigated the friction coefficients under only one pass of friction test with
one kind of tested strip material. In this paper, a reversible friction test machine with a capacity of
forward and backward moving directions was developed. A series of friction tests with multiple stages
were conducted to make the friction situations similar to the loading path of a servo press. The effects
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of relative sliding speeds, different strip materials, strip contact angles, lubrication conditions, etc.,
on the friction coefficients are discussed.

2. Determination of Friction Coefficient

The geometric configurations between a strip and a friction wheel is shown in Figure 1. Bending and
pulling of the strip are implemented by forces F1 and F2 acting on the two ends of the strip. A contact
angle θc between the friction wheel and strip can be adjusted by changing the direction of F2. As F2 > F1,
the strip moves forward. On the contrary, as F2 < F1, the strip moves backward.

 

θ

 

pwrdθ = F sin(dθ2 ) + (F + dF) sin(dθ2 )
 

θ
θ θ p = Frw

(F + dF) cos = F cos + μprwdθ
dF = μprwdθ
ln F = μθ + c

F = ce
θc = F

θ θ F = F e . 

Figure 1. Free body diagram and geometric configurations between strip and friction wheel.

From the free body diagram shown in Figure 1, the force equilibrium in the radial direction yields:

pwrdθ = F sin
(dθ

2

)

+ (F + dF) sin
(dθ

2

)

(1)

where w is the strip width and r is the friction wheel radius. The term of dFsin(dθ/2) can be ignored
and sin(dθ/2) is approximately equal to dθ/2. Thus, the contact pressure p can be obtained as below:

p =
F

rw
(2)

From the force equilibrium in the circumferential direction, we can get:

(F + dF) cos
dθ
2

= F cos
dθ
2

+ µprwdθ. (3)

The above equation can be simplified as below:

dF = µprwdθ. (4)

Substituting Equation (2) into Equation (4) and after definite integration, we get:

ln F = µθ+ c1. (5)

Taking exponential function on both sides yields

F = ceµθ (6)
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where c is the integral constant. From the boundary condition, F = F1 as θ = 0◦, we get

c = F1. (7)

At θ = θc, F2 can be obtained as follows:

F2 = F1eµθc . (8)

From the above equation, the friction coefficient at the interface of the trip and friction wheel can
be obtained as a function of F2, F1 and θc as below:

µ=

∣

∣

∣

∣

∣

∣

∣

∣

ln F2
F1

θc

∣

∣

∣

∣

∣

∣

∣

∣

. (9)

For a thick sheet, the bending effect has to be considered. Please refer to Reference [18] for the
friction coefficient formula derivation.

3. Experimental Apparatus and Friction Test Conditions

A self-developed friction test machine using a motor driving mechanism is shown in Figure 2.
This apparatus consists of four main parts: (1) a driving system, including a motor, a work wheel,
and a pneumatic cylinder, which is used to control the strip movement; (2) a measuring unit, including
a load cell and a torque meter, which are used to measure force F1 and torque T, respectively; (3) a
friction mechanism, including a friction wheel and a strip, which generate a friction interface; and (4) a
control panel, which is used to control the rotation speed of the work wheel and the strip moving speed.
The advantages of this self-developed test machine are (1) the forward and backward movement of the
strip can be easily controlled and (2) the contact angle can be easily arranged from 30◦ to 90◦.

 

θ μ	=	 	
.

 

 

 

F = F Tr

Figure 2. Appearance of self-developed friction test machine.

A series of friction tests for various friction conditions, such as the rotation speeds, interface
conditions, contact angles, and different strip metals, were conducted. The friction wheel was fixed,
whereas, the rotation speed of the work wheel was set as 5–9 rpm. The contact angles were 30◦, 60◦,
and 90◦. By adjusting the distance between the friction wheel and the center line connecting the idle
wheel and work wheel, the contact angle could be easily arranged. Two kinds of surface conditions,
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dry friction and oil lubrication, at the interface between the friction wheel and strip metal were adopted.
The friction wheel made of middle carbon steel had a surface roughness of Ra = 1.73 µm. It was
difficult to install a load cell between the friction wheel and the work wheel to measure F2 directly.
For a thick sheet, F2 is affected by the bending of the sheet. An alternative equation for thick sheet
friction tests was given in the former publication Reference [18]. From drawing force F1, measured
from the load cell, drawing force F2 could be obtained from the following equation:

F2 = F1 −
T
r

(10)

where torque T is measured from the torque meter. Substituting F2 into Equation (9), the friction
coefficients for various friction conditions could be obtained.

Table 1 shows the friction test conditions for different strip materials, Vickers hardness, rotation
speeds ω, contact angles θc, interface condition, and gauge pressure in the pneumatic cylinder.
Carbon steel S25C, brass C2680, and aluminum alloy 6063T6, some kinds of metal materials commonly
used in stamping or deep drawing processes, were adopted in this paper for friction tests. The strip
thickness for different materials was 0.5–1.5 mm. The length of the test piece was 1800 mm. The radius
of the friction wheel was 25 mm. The surface conditions at the strip and friction wheel interface were
divided into dry friction and oil lubrication. The lubrication oil used was SAE 5W–30, the viscosity of
which was 61.4 mm2/s at 40 ◦C and density is 850 kg/m3 at 20 ◦C. The pneumatic cylinder was used to
act as a buffer or a brake while the strip was moved forward and acted as a driver as the strip was
moved backward. A higher pneumatic cylinder pressure p0 was set for a harder strip material used.
The basis friction test conditions were rotation speed of ω = 5 rpm, contact angle of θc = 90◦, and dry
friction for the interface condition.

Table 1. Friction tests conditions.

Strip
Material

Vickers
Hardness (HV)

Rotation Speed
ω (rpm)

Contact Angle
θc (◦)

Interface
Condition

Air Pressure
p0 (kPa)

Case 1
Carbon steel

S25C
(t = 1.1 mm)

130 5, 7, 9 90
Oil

lubrication/Dry
friction

103

Case 2
Brass C2680
(t = 0.5 mm)

128 5, 7, 9 90
Oil

lubrication/Dry
friction

69

Case 3
Aluminum

6063-T6
(t = 1.3 mm)

83 5, 6, 7 90
Oil

lubrication/Dry
friction

48

Case 4
Aluminum

6063-T6
83 5 30, 60, 90 Dry friction 48

Figure 3 shows strip movement variations during friction tests. The whole friction tests were
composed of three stages. A linear potentiometer shown in Figure 2 was installed beside the pneumatic
cylinder to monitor the displacement of the cylinder. Accordingly, the strip movement could be
recorded. At stage 1, the work wheel was driven to pull the strip metal toward the work wheel side
(forward) by 300 mm. The strip movement route or stage from 150 to 300 mm was called S1F. As the
work wheel was driven to rotate with inverse direction, the strip metal was pulled by the pneumatic
cylinder and moved backward with a distance of 150 mm. This stage was called S1B. The strip
movement pattern was repeated two times, and the four stages were designated as S2F, S2B, S3F,
and S3B. The strip movement pattern in Figure 3 was designed to be analogous to the punch movement
in a servo press, so that the friction coefficients obtained by this reversible friction test machine can be
applied to servo stamping or servo deep drawing processes.
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Figure 3. Strip movement variations during friction tests.

4. Friction Test Results and Discussion

Friction tests of carbon steel S25C strips were conducted repeatedly three times under identical
rotation speeds ω, identical contact angles θc, identical pneumatic pressures p0, and identical strip
surface treatments. Figure 4 shows the drawing force variations F1 and F2 for the repeated three times
with ± SD. The drawing force F1 was measured from a load cell which was installed on the connecting
rod in front of the pneumatic cylinder. From Figure 4, it is known that the measured drawing forces F1

from the pneumatic cylinder were almost identical at all stages in the three repeated tests, because the
gauge pressure in the pneumatic cylinder was quite steady. However, there was a slight difference in
force F2 at stages S1B and S3F. The maximal difference was about ±0.2 kN (±8%). That is because a
variable frequency motor was used in this friction test machine, which could not control the rotation
speed as accurately as a servo motor could.

 

ω

 

Figure 4. Drawing force variations in friction tests.
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4.1. Friction Tests of Carbon Steel S25C Strip

Carbon steel S25C strips with a thickness of 1.1 mm were used as the test piece. The gauge
pressure P0 inside the pneumatic cylinder was set as 103 kPa. The contact angle of the strip at the
friction wheel was 90◦. The other testing conditions are given in Table 1 (case 1). The drawing force
variations F1 and F2 with rotation speed of 5 rpm, equivalent to sliding speed of 30 mm/s at the interface
of the strip and friction wheel, are shown in Figure 5. The drawing force F1 was obtained from the
load cell, which was installed between the pneumatic cylinder and the strip. The drawing force F2 was
obtained from Equation (10) and the torque meter, which was installed at the top of friction wheel.
From Figure 5, it is known that a slightly larger F2 was obtained at the very beginning of each stage.
That is because static friction occurred as the work wheel changed its rotation direction. It is clear that
F1 values at the backward stages were smaller than those at the forward stages. That is because the
pulling force from the pneumatic cylinder has to overcome the friction resistance at the piston ring as
the pneumatic cylinder moves backward.

 

 

Figure 5. Drawing force variations with rotation speed of 5 rpm.

Figure 6 shows the contact pressure variations during the friction tests. The contact pressure was
obtained from Equation (2), and the friction force F was regarded as the average value of F1 and F2.
The drawing force variations of F1 and F2 are shown in Figure 5. It is clear that the contact pressures
at the forward stages were larger than those at the backward stages. The maximal difference of the
contact pressures at the forward and backward stages was about 1.2 MPa.

 

 

Figure 6. Contact pressure variations during friction tests.
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Figure 7 shows the variations of the friction coefficient with rotation speeds of 5, 7, and 9 rpm under
dry friction condition. The rotation speeds of 5, 7, and 9 rpm are equivalent to relative sliding speeds of
30, 40, and 50 mm/s, respectively, at the interface of the strip and friction wheel. The friction coefficient
was determined from Equation (9) and the drawing forces F1 and F2 are shown in Figure 5. A smaller
friction coefficient was obtained at the first stage (S1F and S1B), and a slightly larger friction coefficient was
obtained at the third stage (S3F and S3B). Generally, the friction coefficient decreased as the rotation speed
increases. The reason is probably that as the relative sliding speed at the interface increased, the strip
momentum in the normal direction increased, which resulted in an increased separation force at the
interface and reduced the real contact area. Accordingly, the friction coefficient decreased [9].

 

 

 

Figure 7. Effects of rotation speed on friction coefficient under dry friction condition.

Figure 8 shows the variations of friction coefficients with rotation speeds of 5, 7, and 9 rpm
under lubricated conditions (SAE 5W–30). The friction test conditions are given in Table 1 (case 1).
The friction coefficients obtained were 0.12–0.15. Generally, the friction coefficient increased at a later
stage, like the tendency in the case under dry friction condition shown in Figure 7. This is because the
strip surface became rougher after reciprocating friction test at the late stage. It was also found that the
friction coefficients at the forward stages were larger than those at the backward stages, because of a
larger contact pressure at the forward stages. The friction coefficient increased as the rotation speed
increased, which is opposite to the tendency in the case under dry friction conditions. The reason is
probably that for a dynamic viscous flow at the interface between the strip and friction wheel, a larger
drawing force is needed at a higher relative sliding speed.

 

 

 

Figure 8. Effects of rotation speed on friction coefficient under lubricated condition.
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4.2. Friction Tests of Brass C2680

In this section, brass C2680 strips with a thickness of 0.5 mm were used as the test piece. The Vickers
hardness of brass C2680 is 128 MPa, quite close to 130 MPa, the hardness of carbon steel S25C strips.
The gauge pressure P0 in the pneumatic cylinder was set as 69 kPa. The contact angle of the strip at
the friction wheel was 90◦. The other friction test conditions are given in Table 1 (case 2). Figure 9
shows the variations of friction coefficients with rotation speeds of 5, 7, and 9 rpm (equivalent to
relative sliding speeds of 30, 40, and 50 mm/s, respectively) under the dry friction condition. Clearly,
the friction coefficient decreased with the rotation speed and a larger friction coefficient could be
obtained at a later stage. The tendency of the variations of friction coefficients for brass C2680 strips
was the same as that in the friction tests of carbon steel strips under dry friction conditions.

 

 

 

Figure 9. Effects of rotation speed on friction coefficient under dry friction conditions.

Figure 10 shows the variations of the friction coefficients with rotation speeds of 5, 7, and 9 rpm
under lubricated conditions. It is known that the friction coefficient increases with the rotation speed,
and a larger friction coefficient can be obtained at a later stage. The tendency of the variations of
friction coefficients for brass C2680 strips was the same as that in the friction tests of carbon steel strips
under lubricated conditions.

 

μ 	 μ 	μμμ

Figure 10. Effects of rotation speed on friction coefficient under lubricated conditions.

The friction coefficients obtained from friction tests of brass C2680 strips with 5 rpm at forward
stages under dry friction and lubricated conditions are summarized in Table 2. µ1, µ2, and µ3
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correspond to the friction coefficients at S1F, S2F, and S3F stages, respectively. The friction coefficient
differences between two successive stages under dry friction conditions increased slightly, and the
differences were less than 2%. Whereas, under lubricated conditions, the friction coefficient difference
between µ1 and µ2 reached 22.1%, and the friction coefficient difference between µ2 and µ3 was only
1.9%. That is because the lubrication oil was greatly squeezed out after the first stage S1F.

Table 2. Friction coefficients of brass C2680 at different forward stages with 5 rpm.

Dry Friction Lubrication

Friction
Coefficient µ

µi+1−µi

µi
×100%

Friction
Coefficient µ

µi+1−µi

µi
×100%

µ1 0.288 0.120

µ2 0.292 1.4% 0.154 22.1%

µ3 0.298 2.0% 0.157 1.9%

4.3. Friction Tests of Aluminum 6063-T6

In this section, aluminum alloy 6063-T6 strips with a thickness of 1.3 mm were used as the test
piece. The aluminum alloy 6063-T6 strips with a Vickers hardness of 83 MPa is a relatively softer
material compared with carbon steel and brass strips used in the previous sections. Friction tests were
conducted under dry friction conditions. The contact angle of the strip with the friction wheel was
90◦, and the other testing conditions are given in Table 1 (case 3). Figure 11 shows the variations of
friction coefficients with rotation speeds of 5, 6 and 7 rpm, which correspond to relative sliding speeds
of 30, 40, and 50 mm/s, respectively. From Figure 11, it is clear that a larger friction coefficient was
obtained at forward stages and at a lower rotation speed. The tendency is the same as that in friction
tests of carbon steel strips under dry friction conditions. Whereas, the friction coefficients decreased at
a later stage, which is different from the tendency in the case of carbon steel strip. That is because the
initial roughness of aluminum alloy 6063-T6 was Ra = 0.248 µm and the roughness after the first stage
became Ra = 0.448 µm, which was larger than 0.410 and 0.365 µm, the roughness after the second and
third stages, respectively. Due to the fact that only arithmetic mean surface roughness Ra values were
used to evaluate the friction coefficient at the sheet-die interface in literature [1,6,12], only Ra values,
no Rt values, were recorded during the surface roughness measurements.

 

 

ω

Figure 11. Effects of rotation speed on friction coefficient under dry friction conditions for aluminum
alloy 6063-T6 strips.

144



Metals 2020, 10, 1369

Figure 12 shows the variations of friction coefficients with rotation speeds of 5, 6, and 7 rpm under
lubricated conditions. The other testing conditions were the same as those shown in Figure 11 and
are given in Table 1 (case 3). The friction coefficients became smaller at a later stage, and the friction
coefficients at the forward stages were larger than those at the backward stages. The friction coefficients
under lubricated conditions were significantly lower than those under dry friction conditions, shown
in Figure 11. Generally, the friction coefficients became smaller as the rotation speed increases.
That resulted from the surface roughness reduction after each stage. The surface roughness after stage 1
at rotation speeds of ω = 5, 6, and 7 rpm were Ra = 0.376, 0.338 and 0.289 µm, respectively.

 

 

 

Figure 12. Effects of rotation speed on friction coefficient under lubricated conditions for aluminum
alloy 6063-T6 strips.

Figure 13 shows the contact pressure variations with contact angles of 30◦, 60◦, and 90◦ under dry
friction conditions. The gauge pressure p0 in the pneumatic cylinder was set as 48 kPa, and rotation
speed was 5 rpm. Friction test conditions are given in Table 1 (case 4). Clearly, the contact pressure
increased with the contact angle at the forward stages, whereas the contact pressure decreased slightly
with the contact angle at the backward stages.

 

 

 

Figure 13. Contact pressure variations with different contact angles for Al6063-T6.
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Figure 14 shows of friction coefficient variations with different contact angles under dry friction
conditions. Clearly, the friction coefficients increased with the contact angle. That is because the contact
pressure and contact area between the strip and friction wheel became larger at a larger contact angle.

 

 

θ ° ° ° ° ° ° ° ° ° ° °

 

Figure 14. Friction coefficient variations with different contact angles for Al6063-T6.

Table 3 summarizes the friction coefficients obtained at different stages under dry friction with
various friction test conditions given in Table 1. The values in square brackets denote the friction
coefficients under lubricated conditions. It is clear that the friction coefficients under lubricated
conditions were much smaller than those under dry friction conditions. Large friction coefficients of
about 0.6 for aluminum alloy A6063T6 were obtained at a large contact angle of 90◦ and a low rotation
speed of 5 rpm under dry friction conditions. The magnitude of the friction coefficients under dry
friction is quite close to those obtained in Reference [12]. The friction coefficients obtained from the
friction tests of carbon steel were about 0.1–0.14, which is quite close to the range of 0.1–0.18 obtained
by Tamai et al. [1]. The friction coefficients decreased with increasing sliding speed under dry friction,
the tendency of which was the same as that in Reference [1].

Table 3. Average friction coefficients µ under dry friction, values in square brackets denote µ under
lubricated conditions.

Material Carbon Steel S25C Al6063-T6 Brass C2680

Rotation
Speed (rpm)

5 7 9 5 5 5 6 7 5 7 9

Contact
angle θc

90◦ 90◦ 90◦ 30◦ 60◦ 90◦ 90◦ 90◦ 90◦ 90◦ 90◦

S1F
0.248 0.248 0.238

0.191 0.478
0.642 0.593 0.578 0.288 0.183 0.161

[0.132] [0.135] [0.131] [0.321] [0.292] [0.277] [0.120] [0.135] [0.135]

S1B
0.264 0.251 0.209

0.191 0.407
0.548 0.501 0.491 0.269 0.209 0.186

[0.120] [0.121] [0.124] [0.204] [0.207] [0.190] [0.125] [0.138] [0.142]

S2F
0.29 0.263 0.231

0.209 0.434
0.595 0.544 0.557 0.292 0.244 0.226

[0.131] [0.136] [0.141] [0.223] [0.222] [0.218] [0.154] [0.165] [0.176]

S2B
0.282 0.261 0.24

0.198 0.373
0.517 0.484 0.489 0.29 0.243 0.219

[0.119] [0.122] [0.125] [0.169] [0.174] [0.171] [0.138] [0.150] [0.168]

S3F
0.303 0.275 0.246

0.214 0.412
0.566 0.54 0.531 0.298 0.27 0.234

[0.131] [0.137] [0.144] [0.200] [0.199] [0.199] [0.157] [0.168] [0.177]

S3B
0.295 0.271 0.255

0.205 0.361
0.494 0.483 0.463 0.304 0.261 0.221

[0.120] [0.124] [0.128] [0.168] [0.173] [0.164] [0.145] [0.152] [0.172]
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5. Conclusions

A reversible friction test machine was developed and a series of friction tests with three stages
were conducted to investigate the effects of contact angles, strip materials, surface lubrication, sliding
speeds etc., on the friction coefficients at the interface of the strip and friction wheel. Generally,
the friction coefficients increased with the contact angle between the strip and friction wheel and the
friction coefficients decreased with increasing rotation speed under dry friction conditions. For harder
strips of carbon steel and brass, the friction coefficients increased with increasing rotation speed under
lubricated conditions, whereas, the friction coefficients decreased with increasing rotation speed for
softer strips of aluminum alloy. Generally, the friction coefficients obtained in the friction tests of the
three kinds of strip metals under dry friction conditions were approximately twice the values obtained
in the friction tests with oil lubricant at the strip–die interface. From a series of friction tests, it is
known that the friction coefficients at the forward stages during the friction tests were different from
those at the backward stages and the friction coefficients at the earlier stages were different from those
at the later stages. It is noteworthy that a variant, not a constant friction coefficient model, at the
sheet–die interface should be considered in a servo press forming process with repeated forward
and backward punch motions. In the future, the friction parameters or conditions can be adjusted in
the reversible friction tests to extend the application scopes, such as shortening stroke distances to
resemble the movement of a servo press, increasing force F1 to increase the contact pressure, rotating
the friction wheel to increase the relative sliding speed between the strip and die, adopting different
lubricants, coating the surface of the friction wheel with a chromium film to decrease the roughness
of the friction wheel, and so on. The effects of the surface texture on the friction behavior will be
explored. Furthermore, a nonlinear friction coefficient model for servo press forming processes will
be developed.
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Abstract: Recently, improvement of hybrid and electric vehicle technologies, equipped with batteries,
continues to solve energy and environmental problems. Lighter weight and crash safety are required
in these vehicles body. In order to meet these requirements, three-dimensional hot bending and direct
quench (3DQ) technology, which enables to form hollow tubular automotive parts with a tensile
strength of 1470 MPa or over, has been developed. In addition, this technology enables to produce
partially quenched automotive parts. In this study, the crash characteristics of 3DQ partially quenched
products were investigated as the fundamental research of the design for improving the energy
absorption. Main results are as follows: (1) for partially quenched straight products in axial crash test,
buckling that occurs at nonquenched portion can be controlled; (2) for the nonquenched conventional
and overall-quenched curved products, buckling occurs at the bent portion at the initial stage in axial
crash tests, and its energy absorption is low; (3) by optimizing partially quench conditions, buckling
occurrence can be controlled; and (4) In this study, the largest energy absorption was obtained from
the partially quenched curved product, which was 84.6% larger than the energy absorption of the
conventional nonquenched bent product in crash test.

Keywords: crash safety; hot bending; partial-quench; FEM

1. Introduction

Recently, improvement of hybrid and electric vehicle technologies, equipped with batteries,
continues to solve energy and environmental problems. Lighter weight and crash safety are required in
the vehicles’ bodies [1]. In order to satisfy these requirements, it has been promoted to apply ultrahigh
tensile steel [2]. In the case of sheet metal, application of hot stamping has been promoted to achieve
over 1500 MPa tensile strength [3,4]. However, assembling closed-sectional-shaped automotive parts
from sheet metal requires spot welding of two or more parts. Therefore, flange for spot welding
is indispensable. So, it is difficult to reduce the weight of the components. In addition, ideal
rigidity cannot be obtained because the spot welds are intermitted. On the other hand, hydroforming
technology has been developed to manufacture high-rigidity hollow components from steel tube.
However, generally hydroforming cannot form over 980 MPa strength tubes, and manufacturing
facility required for it is large and expensive [5,6]. In addition, as electrification and autonomous
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automobiles progresses, it is expected that newcomers of automotive manufacturer will increase, and
they will demand more compact and low-cost manufacturing facility to depress initial investment cost.
Resin body car prototype using 3D printer as the low-cost manufacturing facility even exists [7], but it is
uncertain whether the crash performance is sufficient. Thus, the technology that can manufacture more
high-strength tubular components with compact and low-cost facility has been desired. Therefore,
three-dimensional hot bending and direct quench (3DQ) technology has been developed. 3DQ is a
consecutive forming process, which allows bending and quenching at the same time. This technology
enables to form hollow tubular structure components of a vehicle bodies with ultrahigh tensile strength
and three-dimensional shapes using steel tube. The 3DQ technology is an innovative method, and the
method makes it possible to fully enjoy the advantage of steel to manufacture high-strength automotive
structural parts at lower costs with excellent recyclability, compared with other materials such as
carbon fiber reinforced plastics (CFRP). In addition, 3DQ facility is more compact and low cost than
hot press and hydroforming machine. In this study, the crash characteristics of partially quenched
curved products by 3DQ and the suitable design are discussed for improving the energy absorption.

2. Outline of 3DQ Technology

2.1. Features of 3DQ Technology

Figure 1 shows the developed 3DQ machine. The main components of the 3DQ machine are axial
feeding device, support guides or rolls, induction heater (IH), water cooling device, and bending robot.
First, by inverse analysis from the three-dimensional product shape data, 3DQ operation data are
determined (Figure 2). The straight tube is fed supported by the support guides or rolls. As shown
in Figure 3, the straight tubes with various cross-sections, such as round, square, and odd-shaped,
are available. Then, this tube is heated by the IH rapidly. The heat temperature is more than Ac3
transformation point. After heating, the tube is cooled to room temperature by water cooling device for
quenching. At the same time, the tube is bent by robot. The deformation is concentrated in this narrow
heating potion. By this process consecutively, the products which have complex three-dimensional
bent shape and ultrahigh tensile strength are obtained (Figure 4).

Figure 1. Three-dimensional hot bending and direct quench (3DQ) machine: (a) appearance photograph
and (b) schematic illustration.

Figure 2. 3DQ production system.
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Figure 3. Examples of tube cross-section for 3DQ.

Figure 4. Examples of automotive products by 3DQ.

The 3DQ technology has achieved the following characteristics: [8–12]

1. Product tensile strength of 1470 MPa.

2. High shape fixability results in high forming precision.

3. Low residual stress.

4. Low die cost (die less forming).

5. No concern of delayed fracture.

In addition, it is possible to quenched products partially using the IH control.

2.2. Properties of 3DQ Products

In this study, the experiments were carried out using the 3DQ machine as shown in Table 1. In the
experiment, electric welded steel tubes with a rectangular cross-section were used. Table 2 shows
the chemical composition of the test tubes. Figure 5 shows an example of the temperature change
during the 3DQ forming process of a square hollow section. It was measured with thermocouples
on the internal surface of the material, which was fed at a rate of 80 mm/s. Here, the material was
quickly heated to above the Ac3 temperature by the high-frequency heating coil, and then rapidly
water-cooled to room temperature.
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Table 1. Main specifications of experimental three-dimensional hot bending and direct quench
(3DQ) machine.

Maximum Induction Heating Output 300 kW
Frequency of induction heater 9.8 kHz

Maximum feed stroke 1700 mm
Maximum feed speed 120 mm/s (at load 5 kN)

Payload of robot 165 kg

Table 2. Chemical compositions of material (mass %).

C Si Mn B

0.21 0.22 1.20 0.0015

Figure 5. Example of tube temperature of in 3DQ process (feed speed 80 mm/s).

Figure 6 shows the hardness distribution of the product by the 3DQ machine. Vickers hardness of
450 HV, which is equivalent to tensile strength of 1470 MPa, is obtained in all portions of the product,
and the microstructure of the product became uniform martensitic structure, as shown in Figure 7.

Figure 6. Circumferential hardness distribution of 3DQ product (40 mm × 40 mm and thickness
1.8 mm).

152



Metals 2020, 10, 1322

Figure 7. Microstructure of product by 3DQ (40 mm × 40 mm and thickness 1.8 mm): (a) 0.2 mm from
outer surface, (b) thickness center, and (c) 0.2 mm from inner surface.

3. Crash Characteristics of Partially Quenched Curved Product

3.1. Deformation Behavior of the Partially Quenched Straight Product

Partial quenching by 3DQ allows strengthening of only the areas of an automobile component
that need high-tensile strength. To clarify the deformation behavior of the partially quenched straight
product by 3DQ, the axial crash tests were carried out as shown in Table 3 [13]. In the crash test, the
load is measured by the load cell. The stroke signal was measured by a laser displacement meter.
Hence, the load-stroke diagram is obtained by synchronizing these signals. Figure 8 shows longitudinal
hardness distribution of the partially quenched straight product in part of this test tube. Figure 9
shows the results of the axial crash test of the nonquenched and the partially quenched specimens.
The nonquenched product deforms sequentially from top of the specimen, whereas the portion which
is not quenched deformed preferentially in the partially quenched specimen. In other words, it is
suggested that the buckling mode can be controlled by partial quenching. Figure 10 shows the energy
absorption of the specimen in this test. For the straight product, the energy absorption of the partially
quenched product is a little larger than that of the nonquenched product or in the same level, because
the deformation occurs in the nonquenched area.

Table 3. Conditions of axial crash test.

Cross-section of Specimen 50 mm × 70 mm
Specimen thickness 1.8 mm

Partially quenched specimen
(see Figure 9)

Partially quench area: 30 mm × 4
Nonquenched area: 10 mm ×5

Impactor weight 430 kg
Impactor speed 7–10 m/s
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Figure 8. Longitudinal hardness distribution of the partially quenched straight product.

Figure 9. Deformation of the partially quenched straight tube in the axial crash test.

 

 
 Figure 10. Energy absorption of the partially quenched straight tube in the axial crash test.

3.2. Deformation Behavior of Partially Quenched Curved Product

The shapes of automotive parts are generally curved. To investigate the effects of some major
factors on axial crash behavior of partially quenched curved products by 3DQ, the finite element
analysis has been conducted with RADIOSS 13.0 (Altair Engineering, Inc., Troy, MI, USA) using the
dynamic explicit method. Table 4 shows the analytical conditions. During the plastic deformation,
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the material expressed the strengthening phenomenon, so called work hardening, where the stress of
material increases exponentially to the strain as shown in Equation (1). In this calculation model, the
transition region of hardness, as shown in Figure 8, was not considered.

σ = a + b·εn. (1)

Table 4. Analytical conditions (see Equation (1))

Symbol Item Nonquenched Area Quenched Area

ρ Initial density (kg/mm3) 7.85 × 10−6

E Young’s modulus (GPa) 210
ν Poisson’s ratio (−) 0.3
a Yield stress (GPa) 0.6 1.6
b Strength coefficient (GPa) 1.754 3.978
n Strain hardening exponent (−) 0.3663 0.3377

Figure 11 shows the example of the curved product shapes in the crash test: (a) the overall-quenched
product and (b) the partially quenched product. In this simulation, the bending radius and its quenched
area were varied to investigate the crash characteristics of the curved design products.

 

σ ・εｎ

ρ −

ν −

−

   

(a) (b) (c) 

Z 

X Y 

Figure 11. Initial product shape in axial crash test: (a) overall-quenched, (b) partially quenched, and (c)
finite element method (FEM) model.

In the finite element method (FEM) model, the top of the products is restricted from translation of
both X and Y axes and rotation of Z axis, and is deformed by a rigid wall as shown in Table 5. Under
the consideration of the symmetry of the test product, half analytical model is applied to the simulation.
The bottom of the product is restricted from both displacement and rotation of all axes. Meshing size is
2.0 mm × 2.0 mm.

Table 5. Boundary conditions.

Location of Surface
Restriction of Translation Restriction of Rotation

X axis Y axis Z axis X axis Y axis Z axis

Top Fixed Fixed Free Fixed Fixed Fixed
Bottom Fixed Fixed Fixed Fixed Fixed Fixed
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The initial product shapes are shown in Figure 11a,b. In the crush test, two 3DQ curved products
are used as shown in Figure 12a and top and bottom plates are welded to these curved products.
The crash behavior of overall-quenched product is shown in Figure 12. The buckling occurs at the
bending section during the initial stage. Figure 13 shows the crash behavior of partially quenched
product. The first buckling occurs at the nonquenched upper part of the product and the second
buckling occurs at the nonquenched lower part of the product. In this study, the simulation results are
in good agreement with the experimental results. Figures 14 and 15 show the relationship between
load and stroke of overall-quenched product and partially quenched product in crash test for both
experimental and simulation results. Both graphs are in good agreement practically. These absolute
values difference seems to be due to difference between their boundary conditions. Since the energy
absorption represents the area of stroke-load diagram in crash test, there is a possibility of improving
crash performance by applying partially quenched products by 3DQ, as seen in Figures 14 and 15.

 

 

     

(a) (b) (c) 

Crashing process 

Figure 12. Comparison of crash deformation of overall-quenched product between experiment and
simulation in axial crash test: (a) initial product shape, (b) axial stroke = 15 mm, (c) axial stroke =
150 mm.

Figure 13. Comparison of crash deformation of partially quenched product between experiment and
simulation in axial crash test: (a) initial product shape, (b) axial stroke = 15 mm, (c) axial stroke =
85 mm, and (d) axial stroke = 177 mm.
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Figure 14. Relationship between load and stroke of overall-quenched product in axial crash test.

Figure 15. Relationship between load and stroke of partially quenched product in axial crash test.

3.3. Influence of the Quenched Area on Crash Deformation

To investigate effect of the quenched area on crash behavior, calculations were carried out using
previous finite element (FE) analysis. Table 6 and Figure 16a show the analytical conditions. The
calculations were carried out under the bending radius R = 400 mm with extended quenched area δ

ranging from 0 to 75 mm. Calculation results are shown in Figure 16b. Figure 16 shows the stroke
and buckling location. Buckling occurs at the center portion (C), upper portion (U), and lower (L)
portion of curved product. The arrows indicate the order of buckling when the buckling occurred
multiple times. As seen in Figure 16, buckling behavior depends on the quenched area. In the case of
the products with 50 and 75 mm extended quenched area, the buckling occurrence is same as the crash
test of overall-quenched products. In the case of smaller quenched area products, such as the products
with 25 and 37.5 mm extended quenched area, the local buckling occurs two times in the crash test.
The first buckling occurs at the nonquenched upper part of the product and the second buckling occurs
at the bending section. This kind of buckling at bending section leads to rupture in some case. In the
case of products with 0 and 12.5 mm extended quenched area, local buckling occurs three times in the
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crash test. The first buckling occurs at the nonquenched upper part of the product. Then, the second
buckling occurs at the nonquenched lower part of the product. Finally, the last buckling occurs at the
bending section.

Table 6. Analytical conditions.

Bending Angle θ 35 (Deg)
Bending radius R 300, 400, 500 (mm)

Extended quenched area δ 0, 12.5, 25, 37.5, 50, 75 (mm)

Figure 16. Relationship between extended quenched area and the stroke at buckling occurred: (a) initial
product shape and (b) calculation results.

3.4. Influence of Bending Radius on Crash Deformation

To investigate effect of bending radius on crash behavior, calculations were carried out under
the same condition (extended quenched area δ = 25 mm) with bending radius R ranging from 300 to
500 mm. Figure 17a shows initial product shape in calculation. The calculation results are shown in
Figure 17b. As can be seen from the figure, for the partially quenched products with bending radii
greater than 400 mm, buckling easily occurs at the initial stage owing to its larger moment at the bent
portion. Thus, it exhibits smaller energy absorption. Contrary, for those partially quenched products
with bending radius below 400 mm, local buckling occurs three times.
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Figure 17. Relationship between bending radius and the stroke at buckling occurred for partially quenched
product with extended quenched area δ = 25 mm: (a) initial product shape and (b) calculation results.

4. Discussion

From the FEM analysis in the previous section, it is made clear that the buckling behavior
significantly changed by changing the partially quenched area. The deformation behavior in the
crash test is classified into the following three types: (1) buckling occurs only at the bent portion (C);
(2) buckling occurs at the upper nonquenched portion, and then buckling occurs at the center bent
portion (U-C); (3) buckling occurs at the upper nonquenched portion, then buckling occurs at the lower
nonquenched portion, and finally, third buckling occurs at the center bent portion (U-L-C). Figure 18
shows relationship between the extended quenched area and energy absorption, correspond to the
buckling deformations.
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Figure 18. Relationship between the extended quenched area and energy absorption in crash test:
(a) initial product shape and (b) calculation results.

The energy absorption of the conventional curved product is 3.5 kJ, whereas the overall-quenched
product exhibits a larger value, whose buckling occurs at the bent portion during the initial stage.
As shown in Figure 17, in the case of the products with 50 and 75 mm extended quenched area, the
buckling occurrence are the same as that in the crash test of the overall-quenched products. For
products with a smaller quenched area, such as those with 25 and 37.5 mm extended of the quenched
area, the buckling occurs twice. The first buckling occurs at the nonquenched upper portion, and the
second buckling occurs at the quenched bent portion. Although this type of buckling exhibits such a
large value of energy absorption, as shown in Figure 17, rupture easily occurs, hence its buckling load
is varied.

As shown in Figure 18, the most suitable crash characteristic is obtained when local buckling
occurs three times during the crash process in the following condition: 0 and 12.5 mm extended
quenched area. The first buckling occurs at the nonquenched upper part of the product and the second
buckling at the nonquenched lower part of the product and then, the third buckling at the bent portion.
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In Figure 19, the effect of partially quenched products on energy absorption is shown. The
conventional nonquenched curved product has the smallest energy absorption in the crash test. Due to
the effect of its quenching characteristics, the energy absorption of overall-quenched product became
59.3% larger than that of the conventional nonquenched curved product. Furthermore, in this study, the
crash characteristics of partially quenched products by 3DQ are investigated. The energy absorption
increased 84.6% compared with the energy absorption of conventional nonquenched curved product.

Figure 19. Energy absorption of product with optimized partially quenched area (see Figure 18).

5. Conclusions

In this study, the characteristics of 3DQ curved products were investigated as the fundamental
research of the most suitable automotive design for improving the energy absorption capability. Main
results are concluded as follows:

1. For partially quenched straight products in the axial crash test, buckling behavior occurred at
nonquenched portion can be controlled.

2. For the conventional nonquenched curved product and overall-quenched curved products, buckling
occurs at the bent portion at the initial stage in axial crash tests, and its energy absorption was low.

3. The crash deformation of curved partially quenched 3DQ products were performed by FE analysis.

4. For overall-quenched products, buckling occurred at the bent portion and, its energy absorption
increased 59.3% compared to the conventional nonquenched curved product.

5. By optimizing the partially quenched area, buckling can be controlled. In this study, the largest
energy absorption was obtained from the partially quenched curved product, which is 84.6%
larger than the energy absorption of the conventional nonquenched curved product during the
crash test.
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Abstract: Climate targets set by the EU, including the reduction of CO2, are leading to the increased
use of lightweight materials for mass production such as press hardening steels. Besides sheet metal
forming for high-strength components, tubular or profile forming (Hot Metal Gas Forming—HMGF)
allows for designs that are more complex in combination with a lower weight. This paper particularly
examines the application of conductive heating of the component for the combined press hardening
process. The previous Finite-Element-Method (FEM)-supported design of an industry-oriented,
curved component geometry allows the development of forming tools and process peripherals with
a high degree of reliability. This work comprises a description regarding the functionality of the tools
and the heating strategy for the curved component as well as the measurement technology used
to investigate the heat distribution in the component during the conduction process. Subsequently,
forming tests are carried out, material characterization is performed by hardness measurements in
relevant areas of the component, and the FEM simulation is validated by comparing the resulting
sheet thickness distribution to the experimental one.

Keywords: tube hydroforming; lightweight structure; bending; formability; numerical methods;
processing technology

1. Introduction

According to Yang [1], vehicles and road transportation produce more than 20% of greenhouse
gas emissions. Here, the use stage causes approximately 85% of a passenger car’s global warming
potential [2]. In this phase, the vehicle weight is essential with regard to fuel consumption, therefore
implementing lightweight design approaches is a key in order to reduce fuel consumption and CO2

emissions, respectively. Yang [1] shows that the CO2 emissions of new passenger cars have been
steadily decreasing in the EU over the last 25 years. Nevertheless, additional effort is necessary in
order to achieve the climate targets fixed by the EU, which include a 40% reduction of CO2 by 2030
compared to the state of 1990 [3]. Aspects of material and design must be optimized in order to
minimize component weight. Material optimization includes the application of typical lightweight
materials such as aluminum and magnesium alloys or composites. However, economic aspects
also have to be taken into account, especially in mass production. In addition, the application of
high-strength steels, including press hardening steels, is superior to the other lightweight materials [4].
Weight optimized design strategies such as structuring [5] or functional integration usually result in very
complex geometries. Thus, innovative forming technologies are needed that are capable of producing
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demanding geometries from hardly formable materials. In automotive production, especially in the
manufacturing of chassis components, press hardening (which is also referred to as hot stamping)
of sheet metal is a well-established process which allows for the manufacturing of high-strength
components with minimal springback [6]. However, when realizing complex components, the use of
tubular or profile shaped semi-finished parts frequently allows replacing several sheet metal parts in
total, leading to lower material use and consequently resulting in lower weight and high component
stiffness. Hydroforming is a suitable technology here [7]. At the same time, joining operations can be
eliminated from the process chain so that often the result is a shorter and more cost-efficient process
chain, see [8], where complex titanium parts are superplastically formed by HMGF in such a way
that complex manufacturing with several joining operations can be saved. An innovative process
investigated at the Fraunhofer Institute for Machine Tools and Forming Technology (IWU) combines
the advantages of both press hardening and hydroforming. In this process, a tube or hollow profile
made of the typical press hardening steels such as 22MnB5 is heated to austenitizing temperature,
and then an inner gas pressure is applied so that the part expands in the die cavity. This process is the
so-called Hot Metal Gas Forming (HMGF). As soon as it aligns to the cold dies, the part cools down
rapidly resulting in a martensitic microstructure [9]. The dies are water-cooled in order to guarantee
sufficiently high cooling rates in the process. The principal feasibility of HMGF combined with press
hardening is shown in [9].

Similar to the press hardening processes with sheet metal, heating can be realized in a furnace or
by flames [10]. In this case, it is necessary to transfer the hot component to the forming die. The most
important disadvantage is a temperature decrease of up to 200 K. Bach et al. [11] have shown that
components, which were heated up to 950 ◦C (Ac3-point for usual press hardening steels) in the
furnace, had a residual temperature of approx. 850 ◦C after transfer into the tool, and the forming
temperature dropped further to 750 ◦C during the closing of the dies. This drop in temperature led to
a reduction in the formability of the base material and thus to the impossibility of fully forming of
complex component geometries due to previously occurring cracks. Furthermore, scaling occurs due
to the exposure of the hot part to atmospheric conditions. Conductive heating of the component is
an alternative to avoid this transfer and the related disadvantages [12]. The authors of [13] describe
the combination of HMGF with integrated conductive heating and press hardening for straight parts.
Bach et al. [11] apply it to a curved component made of Docol PHS 1800 by SSAB (official current
name and abbreviation of the former name Svenskt Stål AB) [14] for the first time and reveal that
the heating strategy must be adapted in order to achieve homogeneous temperature in the curved
part. The possibility of forming extremely complicated geometries with a high degree of functional
integration, as they are often required in the industrial sector, can, under certain circumstances, justify
the effort of extended process time and more complex tools. Based on these described methods, the aim
of the current paper is to provide deeper insight into the heating process. It describes the tooling,
including the conductive heating equipment, presents the heating strategy and shows its influence
on the temperature distribution in the part and on the resulting component properties, specifically
hardness and distribution of wall thickness.

2. Forming Task

The FEM-Simulation and investigation of the HMGF process are based on a complex demonstrator
part geometry shown in Figure 1. It was designed in order to operate in the maximum forming ranges
of the material in trials. It features 66◦ bending, different representative cross-section geometries of
vehicle components and secondary form elements frequently occurring in typical hydroforming parts.
The input geometry for the hydroforming process is a pre-bent tube made of Docol PHS 1800 [14] from
SSAB with an initial diameter of 57 mm and a wall thickness of 1.5 mm. Detailed information on the
chemical compound of the used tube material is shown in Table 1.
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Figure 1. Demonstrator geometry.

Table 1. Chemical compound of Docol PHS 1800 by SSAB.

C (%) Si (%) Mn (%) P (max%) S (max%) Cr (max%) B (%)

0.27–0.33 0.15–0.35 1.00–1.45 0.025 0.010 0.35 0.0008–0.0050

According to [14], the HMGF process is expected to bring the material to a tensile strength of
1800 MPa at a failure strain of 6%. In the delivery condition, the material has a tensile strength of
500 MPa at an elongation of 27%. A thermomechanical forming simulation was carried out using
LS-Dyna in order to estimate the principal feasibility of the component and to draw conclusions for
necessary geometry adjustments. Here, models with all relevant boundary conditions and sub-steps
were taken into consideration as well as earlier investigation results. For example, the test results with
regard to pressure curves and forming, with which parts have already been successfully produced,
see Figure 2 [11], were taken as a basis. This figure shows the deformation of the test part in relation
to the pressure curve. As shown, the decisive shaping of the component is already completed at
an internal pressure of <25 MPa.

 

 

Figure 2. Forming via pressure curve in the Hot Metal Gas Forming (HMGF) process.

As usual for HMGF processes, also the tests within this study were carried out without axial
feeding. The ends of the tube were fixed and simultaneously sealed by conical wedge elements.
This sealing concept allows achieving high internal pressure. Approaches that work with axial feeding
e.g., via a stepped sealing edge [15] the danger of leakage is high.

The achievement of the Ac3 point of the tested material is mandatory for the calculation of the
functionality of the process chain and the achievement of the desired material properties. In order
to achieve a pragmatic and simplified representation of the HMGF process with sufficient accuracy,
the simulation of the heating of the component has been omitted. Uniform temperature distribution in
the component was assumed at the beginning of the thermomechanical-coupled simulation although
during the experiments to heat the real component, locally different temperatures were expected due to
its geometry. This circumstance is counteracted with the concept of pulsed power supply, see Section 4,
in order to reach the Ac3 point, in this case, 911 ◦C, at any point.
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For the thermomechanical forming simulation, flow curve data was generated from tensile tests
at seven different temperatures (950, 900, 850, 800, 750, 680, 600 ◦C) and for three different strain
rates (0.5, 5, 50 s−1). The individual derived and extrapolated flow curves were implemented into
a temperature and strain rate-dependent isotropic material model in LS-DYNA.

In the simulation model, the tools were implemented in the form of rigid active surface meshes.
In contrast, the tube was represented as an elastically plastically deformable shell with an initial element
edge length of 0.75 mm and five integration points across the thickness. In the starting situation of the
forming simulation, the tempered tube was positioned in the tool. The following sub-simulations up to
the actual forming stage ensured representation of the process-specific boundary conditions in which
the semi-finished product already cools down after conductive heating. This included the calculation
of the time required to close the upper die, start up the sealing punches and apply the closing force onto
the tool halves. Within these simulations, the heat transfer mechanisms heat conduction, heat transfer
to air by convection and radiation as well as contact heat transfer to the cooled tool surfaces were taken
into account based on [16]. In the subsequent simulation of the pressure generation phase, the forming
of the semi-finished product in the tool cavity was realized by stepwise, linear application of a pressure
load to the inner surface of the tube up to the target pressure level. A constant static coefficient of
friction of µ = 0.35 was assumed in the entire simulation steps, with which good experience has already
been gained in previous work on the subject of tempered tube forming processes [11].

Results of the numerical simulation show that the circumferential expansion reaches values
similar to a straight demonstrator regarded in earlier investigations [1], which could be successfully
formed. Furthermore, the simulation predicts a minimum thickness of the tube material of approx.
0.85 mm after forming (Figure 3) which corresponds to a maximum thinning of 43.3%. This is also
comparable with the successfully formed straight demonstrator mentioned above so that the currently
regarded curved part can be expected to be feasible, too. However, it must be considered that the
simulation disregards the strain results of the cold bending step, which is necessary before the HMGF
process in order to allow positioning of the part in the hydroforming tool. This bending results in
additional strain on the weld seam, but the corresponding impact on the resulting wall thickness
distribution is expected to be small. This means that it was avoided to make the additional effort
for implementing this preforming step in the numerical modeling for pragmatic reasons. Results of
previous projects have shown that feasibility of hydroforming processes with pre-bent semi-finished
parts will be the least affected if the weld seam is placed in the area of the neutral fiber and in zones
featuring minor deformation during hydroforming. In the present case, this implies that the bottom
of the component opposite of the dome is the most appropriate area for positioning the weld seam.
Nevertheless, practical tests are indispensable in order to verify the simulation and to finally evaluate
the feasibility.

 

−

Figure 3. Numerically determined wall thickness distribution.

3. Tool Concept and Measurement Technique

For the experimental verification of the numerical simulation and the final proof of feasibility of
the part, a tool was designed, which can be applied under conditions that are close to series production.
As shown in Figure 4, this tool consists of
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• The form elements providing the desired shape of the component with integrated cooling channels
that are necessary to prevent accumulated heating of the dies over a number of tests; these elements
are highlighted in Figure 4b,

• The electrodes for conduction heating, which are highlighted in Figure 4c,

• Guiding elements and force absorption elements, required for the functionality of the forming
process, which are highlighted in Figure 4d,

• Axial punches, sealing the tube and applying the inner gas pressure, see overview in Figure 4a,

• An ejector that prevents the bending area from tilting into the tool engraving, see the green dot in
the middle of the tool engraving in Figure 4c.

 

 

 
 

 
 

(a) (b) 

(c) (d) 

Figure 4. Bottom half of HMGF forming tool, CAD with details: (a) overview, (b) form elements,
(c) ejector, (d) guiding and force absorption elements.

The electrodes are electrically insulated from the surrounding form inserts and spring-loaded
so that they rise from the top and bottom when the tool is not completely closed. At the beginning
of the process, the curved semi-finished part is clamped in these electrodes and lifted from the form
inserts by the springs. Therefore, the part is electrically insulated from the metallic die elements so
that the electrical current enters the tube at the electrode at one end and flows through the tube to the
second electrode at the other end. The temperature of the tube rises due to resistive heating. As soon
as the target temperature of the tube is reached and the tool halves start to get closed, the current is
interrupted by an initiator. When the tool halves are closed, the axial punches seal the tube ends and
the gas pressure is applied, leading to an expansion of the tube. All forming dies and electrodes are
steadily water-cooled. In order to provide optimum cooling conditions, cooling channels must be
located in direct proximity to the mold.

In general, the main application problem is gross cracking of the inserts due to insufficient
toughness of the material if thermal shock occurs during the process. However, the mechanical strength
of the tools and the leak tightness of the system must be guaranteed at the same time. A minimal
distance between cooling channels and mold is required due to this fact. Extensive measurement
technology was necessary for the thermal characterization of the component and process control.
This measuring technology included a thermal camera, two pyrometers and type K thermocouples with
direct measuring functions. The thermal camera (black in the lower part of Figure 5), whose orientation
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towards the component, provided detailed information about the local temperature distribution in the
part at specific moments during the process. This information was used in the process analysis in order
to characterize the overall heating behavior of the part and to identify relevant points of the workpiece,
where more detailed information was needed and which were most suitable for process control.
This measurement was complemented by the thermocouples and the pyrometers, which provided
detailed information about the temperature as a function of the time for distinct points of the workpiece.
The thermocouples served for analyzing the component heating behavior at six points in different
regions of the part. However, due to the mechanical impact, this measurement technique turned
out to be not suitable for reliable process control with the complete closing of the tool and the entire
forming process. Therefore, contact-free optical measurement via pyrometers was used to control the
conduction heating of the component at the two most relevant points.

 

 

Figure 5. Bottom half of HMGF forming tool, experimental setup.

4. Heating Procedure

The thermal camera is directed towards the outer area of the pre-bent workpiece. Figure 6 shows
the temperature of the part at different moments during the heating process (specifically after 30 s, left,
after 50 s, middle) and the real component on the right.

 

  

Figure 6. View of thermal camera after 30 s (l) and 50 s heating time (m), real heated component (r).

Obviously, only the middle section of the tube is visible since the component is partially covered
by the tool halves that are not completely closed. In order to indicate the extent of the hidden sections,
a dashed line represents the true contour of the part. After 50 s, large areas of the part reached the
target temperature of 911 ◦C as assumed in the previous simulation. This especially concerns the
straight end regions, while the temperature of the outer curved area is approx. 100 ◦C lower.
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The explanation for this inhomogeneous temperature distribution is the current flow, which
follows the shortest possible route through the component due to the smallest electrical resistance.
Therefore, the current flow concentrates on the inner radius of the curved part. In order to counteract
inhomogeneous temperature distribution and to achieve the required minimum temperature at any
point, a suitable pulsed current was applied to the component. In the short time window without
power supply in-between two subsequent pulses, areas that are relatively hot compared to their
surroundings can dissipate warmth by heat flow into neighboring component areas, whereas regions
that are relatively cool compared to their surroundings are heated by nearby hot areas. This results in
the balancing of the temperature and in almost homogenous heating of the component to a targeted
austenitization temperature of 911 ◦C. Measurement of the temperature distribution with attached
thermocouples proved the suitability of this heating strategy as shown in Figure 7 without the
HMGF-step. The thermal sensors 3, 4, 5 and 6 at the beginning and at the end of the pipe (top, bottom,
inside and outside) are heated to similar temperature levels. The highest temperature is detected by
sensor 1, which is positioned on the inner curve, i.e., directly in the area where the current flows and the
resistive heat is generated. Due to the pulsing of the current, the lower temperature at the outer bend of
the component (i.e., at thermal sensor 2) raises to austenitization temperature without overheating the
other areas. When the thermal sensor at the inner bend (1) reaches the pre-set maximum temperature,
the power supply from the conductor is automatically switched off, followed by an interruption of
a few seconds. A straight orange line highlights the theoretical start of the HMGF-process after reaching
Ac3-point in all part areas. The conducting system has the following four adjustable parameters for
controlling the pulsing current: maximum temperature, heating or pulse time, maximum current
and pause time. The temperature is measured by the two mentioned pyrometers during the heating
process, see Figure 5. Due to the inhomogeneous heating of the component, it was decided to focus
one pyrometer onto the inner bend and the other onto the outer bend of the component in order to
control the conductor. This was to ensure that the temperature in the faster-heating inner region of
the part does not exceed a pre-set maximum temperature and that the outer region reaches the set
minimum temperature. Figure 6, right, shows the glowing component in the almost closed tool during
the heating process. As mentioned above, the top and the bottom sections of the part are hidden
by the tool. First trials at Fraunhofer IWU were carried out to determine the optimized conduction
heating process with the focus on reaching the AC3 temperature at any point of the component. Several
tests have additionally been done with different currents. With lower current levels compared to the
maximum of 2.500 A on the equipment side, only the heating time has been extended too much or
the desired temperature has not been reached. Table 2 shows the final corresponding parameters
characterizing the ideal heating process.

 

  

 

Figure 7. Heating curves during pulsing current; the numbers 1–6 indicate the positions of the
thermal sensors.
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Table 2. Times and temperatures for optimized component heating.

Target
Temperature

Pulsed Current
Amplitude

Heating Time
Maximum

Temperature
Pause Time No. of Cycles Total Heating Time

980 ◦C 2.500 A 5 s 1070 ◦C 3 s 5 35 s

5. Forming Tests

The first tests aimed at demonstrating the feasibility of manufacturing curved, press-hardened
components with conductively heated preforms. Figure 8 exemplarily shows the finished part.

 

 

Figure 8. Component formed by HMGF and position of cuts.

This result serves as a first verification of the simulation and proves the importance of combined
numerical and experimental feasibility evaluation described in Section 2 of this paper. The darkened area
between the positions of contacted electrodes (blue squares), through which the current flew, was heated
up to austenitization temperature Ac3. A significantly reduced scaling on the surface is immediately
noticeable due to the elimination of component transfer and the correspondingly reduced exposure
of the part to atmospheric conditions. This is particularly remarkable as this part was manufactured
without surface coating or protective gas. In hot forming processes, the sheet is usually protected
against surface scaling by AlSi® or X-tec® coating. These are aluminium-based corrosion-protective
and passivating coatings, which consist in the case of AlSi 85–95% of Aluminum and 5–11% Silicon [17],
in the case of X-tec of Aluminum in a special binding matrix [18]. In the investigated case, the excellent
surface quality achieved by the use of conductive component heating offers the potential of shortening
the process chain and of reducing the environmental impact by avoiding aggressive chemicals. Full
forming is reached with an internal pressure of 60 MPa. By using the technology of conductive heating,
a constant starting temperature was guaranteed for all components manufactured.

6. Characterizing Hardness and Wall Thickness of the Component

In order to evaluate the quality of the manufactured component and to provide a more detailed
verification of the numerical simulation, the parts were characterized considering the distribution of
hardness and wall thickness. For this purpose, exemplary components were cut at the three positions
marked in Figure 8. The hardness was measured according to DIN EN ISO 6507-1:2006-03 on the outer
and inner bend and on the neutral fiber on the cross-sectional area, illustrated by blue dotted lines.
Figure 9 shows the results.
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Figure 9. Comparison of hardness: part after conduction heating or furnace heating.

For comparison, the average hardness of a furnace-heated straight demonstrator of the same
material is supplemented (striped bar in the diagram, Figure 8), compare DP3 in [11]. A minimum
hardness of 540 HV was verified for all component areas. When converted according to DIN EN
ISO 18,265, this value approximately corresponds to a tensile strength of 1775 MPa. This shows that
the newly developed process allows for the design and heating procedure HMGF with integrated
conductive component heating to be adapted to bent component geometries. Furthermore, the wall
thickness of the manufactured component was measured along a circumferential path at the sections 1-1,
2-2 and 3-3 as shown in Figure 8. Figure 10 compares the result of the measurement with the simulation
results. Each section is shown on the right with an initial arrow for the start of the measuring path.
The curves at the different measurement positions feature different lengths since the cross-sections, and
consequently, the circumferences, differ from each other. A good qualitative agreement exists between
the respective simulation and real curves. In large parts, the quantitative agreement is also acceptable.
Locally there are significant deviations in a range of about 30%, see for example curve 1-1, which may
be caused by the inaccurate representation of the friction conditions at the high forming temperatures,
which may be assumed as too low, and by the assumption regarding heat transfer. Furthermore,
the results of the real tests are strongly influenced by the quality of the semi-finished product with
strongly varying wall thickness in some places due to the manufacturing process.

The local thinning is suspected to be caused by the manufacturing process of the test tubes. These
were produced, not as usual by roll forming, but because of their shorter dimensions by U-O-bending
with prototype tools. Manufacturing deviations led to the formation of heels at radius transitions at
the tool parts and thus to thinning of the raw sheet material while bent into tubes. If the material
used for the pipes is established, it can be assumed that the quality will be improved in terms of wall
thickness distribution.
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Figure 10. Wall thickness validation for the three sections, experiment (Exp) and simulation (Sim).

7. Summary

Based on earlier results of tests with tool-integrated component heating, a more complex production
tool was designed with integrated conduction components. A pulsed current flow was successfully
tested for heating and was used for the HMGF of complex bent parts in order to guarantee the complete
heating of the part to the austenitization temperature without local overheating due to the curvature of
the component and due to the correspondingly inhomogeneous current distribution in the part during
conductive heating. The eliminated step of transferring heated preforms into the forming tool allows
for a significant reduction in component scaling and ensures the same robust condition for cooling,
thus influencing the material properties such as the desired minimum hardness and overall strength of
the component areas. Furthermore, the additional technological expense of the integrated conduction
device for medium component quantities can be justified since additional process steps for coating are
avoided and no environmentally harmful chemicals are used. Finally, the experimental verification
of the simulation results was realized by examining the sheet thickness curves in three-component
sections. As a result, the FEM simulation for HMGF processes on curved components can be confirmed
as a reliable design tool.
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Abstract: Recently, miniaturization and weight reduction have become important issues in various
industries such as automobile and aerospace. To achieve weight reduction, it is effective to reduce
the material thickness. Generally, a secondary forming process such as bending is performed on the
tube, and it is applied as a structural member for various products and a member for transmitting
electromagnetic waves and fluids. If the wall thickness of this tube can be thinned and the bending
technology can be established, it will contribute to further weight reduction. Therefore, in this study,
we fabricated an aluminum alloy rectangular tube with a height H0 = 20 mm, width W0 = 10 mm,
wall thickness t0 = 0.5 mm (H0/t0 = 40) and investigated the deformation properties in the rotary
draw bending. As a result, the deformation in the height direction of the tube was suppressed
applying the laminated mandrel. In contrast, it was found that the pear-shaped deformation peculiar
to the ultra-thin wall tube occurs. In addition, axial tension and lateral constraint were applied.
Furthermore, the widthwise clearance of the mandrel was adjusted to be bumpy. As a result, the
pear-shaped deformation was suppressed, and a more accurate cross-section was obtained.

Keywords: ultra-thin walled tube; tube bending; laminated mandrel; rotary draw bending;
Finite Element Analysis (FEA); deformation property

1. Introduction

Tubes are subjected to secondary forming processing such as bending and used as parts in the
automobile and aerospace industries. To bend the tubes, press bending, rotary draw bending,
and other bending methods have been developed and applied to actual product production.
However, during bending of a thin-walled tube with a space in the cross-section, flattening, thickness
deviation, wrinkling, folding, and other undesirable distortions occur [1–3]. Generally, it is effective to
apply a mandrel to suppress undesirable distortions. A ball-type mandrel is often used [4–8], and the
results of investigating the effects of the clearance between the pipe inner diameter and the mandrel
on flattening [9,10] and wrinkling [11] have been reported. Moreover, there have been reports on
the effect of mandrels on springback [12]. In addition, there have been reports on the effect of the
friction coefficient of the ball mandrel on undesirable distortions and analysis of the stress state of the
mandrel during bending [13–16]. In addition, other studies include the following: A study using a
chain-link type mandrel, which is cheaper than a ball type one [17], a mandrel that combines hard and
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soft rubber [18], and a study that suppresses cross-sectional deformation by applying fluid pressure
inside the pipe [19]. Moreover, the effects of mandrels on various materials such as steel, aluminum
alloys, copper alloys, titanium, and high tensile strength materials have been reported [20–23].

However, these studies are mainly the results of investigations of circular pipes and materials
with a wall thickness of 1.0 mm or more [24,25]. In contrast, there has been little research on clarifying
and suppressing the cross-sectional deformation phenomenon during bending of a rectangular tube
with a rectangular cross-section and ultra-thin materials with a wall thickness of 1.0 mm or less.
If ultra-thin tubes can be applied to various components in the automobile and aerospace industries,
it is expected that they will contribute significantly to the reduction of size and weight, which is a
common issue in each industry in recent years. Among them, the rectangular tube is considered for
application in the waveguide, which is a component for electromagnetic wave propagation in the
aerospace industry. However, in order to improve the electromagnetic wave propagation efficiency,
it is necessary to minimize the cross-sectional deformation after bending. We investigated the effect of
a mandrel and a restraint plate on undesirable distortions in the cross section of an extruded square
tube on press bending [26]. Furthermore, we also reported that wrinkling in rotary draw bending can
be suppressed by axial tension, and that cracking is considerably affected by the bending radius and
material. In addition, it has been clarified that pear-shaped cross-section deformation occurs when a
mandrel is applied during the bending of ultra-thin tubes [27,28].

Therefore, in this study, in order to contribute to further weight reduction of the tubular material
application parts in each industry by rendering the tubular material thinner, we investigated the
deformation property during rotary draw bending using an ultra-thin aluminum alloy rectangular
tube. As a result, the pear-shaped deformation peculiar to the ultra-thin rectangular tube was
confirmed. The suppression method was then investigated. Specifically, axial tension was used to
suppress wrinkling due to bending. A restraint jig was used to suppress convex distortion at the sides.
To suppress the flattening, we applied a laminated mandrel to adjust the clearance between the tube
shape and the mandrel. As a result, it was found that the deformation of the cross-section peculiar to
the ultra-thin rectangular tube can be suppressed by controlling axial tension, applying side restraint,
and adjusting the widthwise clearance of the mandrel on the compression and the tension sides of
the tube.

2. Materials and Methods

2.1. Workpiece

The workpiece used in the experiments and simulations was an aluminum alloy with annealing
(A6063-O). Table 1 shows the mechanical properties, and Figure 1 shows the shape and dimensions
of the workpiece. The dimensions of the cross-sectional shape were set as follows: height H0 = 20,
10 mm; width W0 = 10, 20 mm; and thickness t0 = 0.5 mm. The waveguide, which is an example of the
application range of ultra-thin tubes, has a standard regarding the material, but the rectangular tube with
a wall thickness of 0.5 mm applied in this study is not part of this standard. Moreover, it is not marketed
because there is a limit to thinning in extrusion. Therefore, in this study, a commercial extruded tube
was processed by drawing to achieve a wall thickness of 0.5 mm and applied to the experiment.

Table 1. Mechanical properties of the workpiece.

A6063-O

Tensile Strength σB/MPa 91
Proof Stress σ0.2/MPa 39

Elongation δ/% 24.3
Work-hardening Exponent n * 0.27

Plastic Modulus C */MPa 160

* Refer to JIS Z2201 σ = Cεn.
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Figure 1. Shape and dimension of the workpiece.

2.2. Bend Radius

As shown in Figure 2, the bending radius R is the bending drum radius; more precisely, the inside
of the rectangular tube is the bending radius. There are two types of rectangular tubes with outer
height H0 = 20, 10 mm, and thickness t0 = 0.5 mm (H0/t0 = 40, 20).

 

σ

σ

δ

σ ε

 
Figure 2. Bending radius and bending height.

2.3. Rotary Draw Bending System

Figure 3 shows a schematic of the rotary draw bending machine, and Figure 4 shows a schematic
of the tool alignment of rotary draw bending. This device has a mechanism with a chuck that fixes the
material, a bending drum that determines the bending radius, and a bending load rod that generates
a bending moment. In addition, it is also equipped with a structure that can apply axial tension.
The bending drum can be selected from those with a radius R of 20 to 200 mm, and in this experiment,
the workability R/H0 = 1, 2.5. Moreover, a plate made of MC nylon was installed as a side restraint jig.
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Figure 3. Schematic representation of the rotary draw bending device.

 

 

  

σ σ

Figure 4. Tool alignment of rotary draw bending.

2.4. Mandrel

Figure 5 shows a schematic of the mandrel. The core material has a structure in which 0.01 mm
to 2.0 mm PVC (polyvinyl chloride) and stainless-steel thin plates are bundled by a jig. The flexural
rigidity of the laminated mandrel was adjusted to minimize the adverse effect on the workpiece during
bending. In addition, the clearance with the workpiece was adjusted to CL = 1.0 mm in both width
and height.

 

  

σ σ

Figure 5. Schematic of the laminated elastic mandrel.

2.5. Finite Element Analysis (FEA) Model

Figure 6 and Table 2 show a schematic of the Finite Element Analysis (FEA) model and the boundary
conditions of FEA. LS-DYNA 3D (Ver.R10.1.0, ANSYS Inc. Canonsburg, PA, USA), a commercially
available finite explicit element analysis software package, was used for the simulation. The laminated
mandrel is a solid element and the rest are shell elements. The mesh size was 2 mm and the number
of elements of the workpiece was 17,250. The friction coefficient between the inner surface of the
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workpiece and the mandrel was set to 0.01 on the assumption that there was almost no friction because
the lubricant was applied. In addition, the workpiece was analyzed as an elasto-plastic (Von-Mises)
according to the exponentiation hardening rule, the mandrel as an elastic body, and the rest as a rigid
body. The workpiece in the model was assumed to be an isotropic elastoplastic body with the power
law hardening rule. The constitutive equation is given as Equation (1).

σ = C
(

εyp + ε
p
)n

(1)

where, εyp is an elastic strain and εp is an equivalent plastic strain. Moreover, the elastic strain is
calculated by the following Equation (2).

εyp = (E/C)(1/(n−1)) (2)

where, E is Young’s modulus. Accordingly, the constitutive equation of the workpiece can be expressed
by Equation (3).

σ = 160(0.002424 + εp)
0.27 (3)

 

  

σ σ

Figure 6. Schematic representation of the simulation model in rotary draw bending.

Table 2. Boundary conditions of Finite Element Analysis (FEA).

Workpiece Mandrel Bending Drum Restraint Jig Bar

Element Type Elasto-Plastic/ShellElastic/Solid Rigid/Shell Rigid/Shell Rigid/Shell

Number of
Elements

17,250 1200 1515
H0 = 10:1010

765
H0 = 20:2020

Restraint
condition

free free * 90◦ rotation fixed fixed

* Fixed area of mandrel.

3. Results and Discussion

3.1. The Mechanism of Cross-Sectional Deformation

Figures 7 and 8 show the mechanism of cross-sectional deformation. Here, M is the Bending
moment, σt is the tensile stress, σc is the compression stress, PT is the circumferential force of the tension
side in the flattening, PC is the circumferential force of the compression side, PTN is the flattening
component of the tension side, and PCN is the flattening component of the compression side. The flange
falls due to the component force generated in the compression flange and the tension flange by the
bending moment. Subsequently, due to the moment generated by the component force, the component
force acts on the web, resulting in flattening. The purpose of applying the mandrel is to restrain
the component force PTN generated in the compression flange and the tension flange. In addition,

179



Metals 2020, 10, 1074

PTN is expressed as Equations (4) and (5), using bending stress σTE in the elastic state. However, it is
qualitatively the same as that in plastic region.

PTN = 2σTEt0W0 sin

(

dθ

2

)

; σTEt0W0dθ =
t0W0EH0dθ

2ρ
(4)

dxT =
(

ρ+
H0

2

)

·dθ ; ρdθ (5)

where t0 is the thickness of the workpiece, W0 is the width of the workpiece, dxT is the length
between points A and C on the tension flange, E is the Young’s modulus, and ρ is the bending degree
(R + H0/2) [29].

Distributed flattening force wTN on the tension flange is expressed as Equation (6), using Young’s
modulus, E, in the elastic state. In the plastic state, the tangent modulus Et is used in Equation (7).

wTN =
PTN

dxTW0
=

H0t0E

2ρ2
(6)

Et =
dσ

dε
= Cεn (7)

Figure 9 shows the graph of wTN calculated under various conditions from Equation (4).
It demonstrates that the wTN increased as the wall thickness increased; thus, flattening was more likely
to occur. Additionally, wTN increases as ρ/H0 decreases. In this study, R/H0 = 1.5 (H0 = 20, R = 50),
and t0 = 0.5 mm. Under this condition, the wTN is small because the wall thickness is thin, but ρ/H0 is
also smaller than that of a square tube with a general wall thickness; accordingly, so the wTN is larger
and the deformation after bending is expected to be larger. Furthermore, when the axial tension Pa is
applied, PTN (wTN) is further increased because Pa is added to PT.

 

σ

  2𝜎𝑇𝐸𝑡0𝑊0 𝑠𝑖𝑛 𝑑𝜃2  ≒ 𝜎𝑇𝐸𝑡0𝑊0𝑑𝜃  𝑡0𝑊0𝐸𝐻0𝑑𝜃2𝜌
𝑑𝑥T   𝜌 𝐻2 θ ≒ ρdθ

ρ
[29]

𝑤 𝑃𝑑𝑥 𝑊   𝐻 𝑡 𝐸2𝜌
𝐸 𝑑𝜎𝑑𝜀   𝐶𝜀

ρ
ρ

 
Figure 7. Schematic of flattening distortion of a square tube.
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− −

Figure 8. Mechanism of flattening components.

 

− −

Figure 9. Relationship of flattening component of the tension side and thickness.

3.2. Method for Evaluating Deformation

The deformation ratio was defined as (H−H0)/H0, (W−W0)/W0 (measured values H, W; initial values
H0, W0), and the cross-sections before and after processing were compared. In addition, the maximum
height and width of the workpiece are Hmax and Wmax, and the minimum workpiece width is Wmin.
Furthermore, the load factor of axial tension was defined and evaluated as Pa/Fmax (axial tension Pa,
tensile strength Fmax of the workpiece).

3.3. Effect of the Laminated Mandrel and Axial Tension

Figure 10 shows the appearance of the workpiece after rotary draw bending without a material,
restraint jig, and axial tension. At R/H0 = 1.5 (H0 = 20, R = 50), folding occurred, and at R/H0 = 5.0
(H0 = 10, R = 50), wrinkling occurred. In addition, Figure 11 shows the effect of axial tension. As shown
in Figure 11, the wrinkling can be suppressed by axial tension. In contrast, the fall of the flange became
large. The axial tension reduced the compression region of the tube, suppressed buckling deformation,
and suppressed wrinkling. However, the component force PTN increased as the tensile force increased,
causing the tensile flange to fall greatly, resulting in a large expansion of the web. From this result and
Equation (6), it was found that the following factors increased influence the cross-section deformation:
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• Axial tension

• 1/R

• Cross-section outline

• Thickness

• Work-hardening exponent

• Plastic modulus (Young’s modulus)

 

 
 
 
 
 
 

 
(a) (b) 

Figure 10. Result of rotary draw bending (Without a mandrel and axial tension); (a) Folding (H0 = 20,
R = 50); (b) Wrinkling (H0 = 10, R = 50).

 

 
 
 
 
 
 

 

Figure 11. Effect of axial tension (H0 = 10, R = 50).

Figure 12 shows the effects of the mandrel and axial tension. R/H0 = 2.0 (H0 = 10, R = 20) was
possible bending without wrinkling and splitting, whereas splitting occurred in the condition of
R/H0 = 1.0 (H0 = 20, R = 20). Wrinkling and splitting did not occur at R/H0 = 1.5 (H0 = 20, R = 50). In
contrast, the cross-section deformation was large for both H0 = 10 and 20. Especially at R/H0 = 1.5
(H0 = 20, R = 50), a pear-like deformation occurred in which the deformation of the web side enlarged.
Considering this deformation as buckling, and considering one side of the web as buckling of a long
column, the end on the tension side was constrained and the end on the compression side is constrained
to rotate, which is similar to the deflection of a beam. In addition, the effect of the mandrel was
confirmed by the small deformation of both the tension and compression side flanges.
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(a) (b) 

 

Figure 12. Effect of axial tension and the mandrel; (a) H0 = 10; (b) H0 = 20.

Additionally, the convex distortion of the web is larger when H0 = 20 than when H0 = 10. It is
assumed that this is because the mandrel was compressed by PTN by axial tension and deflected to
the web. In this experiment, the number of laminated mandrels with H0 = 20 was larger than that
with H0 = 10. This is because by lowering the bending rigidity of the mandrel, it is possible to prevent
adverse effects such as splitting and convex distortion in the tensile flange of the tube. Therefore, as the
number of laminated layers increases, it is possible that minute voids are generated between the plates.
It is considered that the voids were compressed by PTN and became substantially larger than the set
clearance, resulting in larger deformation than H0 = 10.

Furthermore, Figure 13 shows the results of FEA. The same phenomenon as in the experiment
was confirmed in FEA. Therefore, it was confirmed that the pear-shaped deformation is a deformation
peculiar to the ultra-thin rectangular tube. The analysis conditions were R/H0 = 1.5 (H0 = 20, R = 50),
the mandrel was applied, and axial force was applied. To reduce the analysis time, the laminated
mandrel in FEA has a smaller number and a larger thickness than in the experiment. The laminated
plate is an elastic body, and Young’s modulus was set small to match the moment of inertia with the
experiment. Thus, the deformation of the mandrel in the plate thickness direction was larger than in
the experiment, resulting in depression or convex distortion in the tension and compression flanges.

 

 
Figure 13. Result of FEA; (H0 = 20, R = 50, using the mandrel and axial tension).

3.4. Effect of Restraint Jig

An experiment was conducted by applying a jig that restrains the web surface in order to suppress
the outward convex distortion of the web. Figure 14 shows a schematic of the jig and FEA model.
In bending with H0 = 10, the height of the restraining ring was 10 mm. At H0 = 20, the deformation of
the compression side is particularly large. Therefore, two types of conditions were applied: one for
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constraining only the compressed part of the web and one for constraining the entire web. Namely,
there are two types of ring height h = 10, 20 mm.

 

Figure 14. Schematic representation of restraint jigs and simulation model.

Figure 15 shows the experimental results for R/H0 = 2.0 (H0 = 10, R = 20). It was found that the
convex distortion of the web was suppressed to less than 5% by applying the restraint jig. In addition,
at the minimum part (tensile flange), the width W decreased due to axial tension applied to suppress
wrinkling. Therefore, it was found that the accuracy of the width tends to deteriorate slightly compared
to the maximum part (compression flange).

 

 

(a) No restraint (b) Restraint 

Figure 15. Effect of restraint jigs (H0 = 10, R = 20).

In addition, Figure 16 shows the experimental and FEA results for R/H0 = 1.5 (H0 = 20, R = 50),
and restraint jig ring height h = 10. As shown, the web compression side is inward, and the web
tension side is outward. As mentioned above, it is known that convex distortion occurs outward
during bending on the compression side. However, in this case, a restraint jig was provided on the
side surface, and accordingly, outward convex distortion was suppressed. Nevertheless, since there is
clearance (0.5 mm × 2 on each side) between the tube and the mandrel, it is presumed that the web is
deformed inward by that amount. In addition, since the restraint jig was not provided on the tension
side, it is considered that the web collapsed outward and convex distortion due to the above-mentioned
deflection on the compression side.
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(a) (b) (c) 

Figure 16. Effect of restraint jigs (H0 = 20, R = 50, h = 10); (a) Appearance after bending; (b) Experiment; (c) FEA.

Furthermore, Figure 17 shows the results when the restraint jig ring height h = 20. Deformation
was suppressed compared to h = 10 in both experiments and FEA. However, it was not possible
to completely suppress the waveform deformation of the web. This is attributed to the fact that
the clearance between the tube and the mandrel was set to 1.0 mm in both height and width. It is
considered that the PTN during bending compressed the web by the amount of clearance, buckled,
and caused wavy deflection.

 

 
(a) (b) (c) 

Figure 17. Effect of restraint jigs (H0 = 20, R = 50, h = 20); (a) Appearance after bending; (b) Experiment; (c) FEA.

3.5. Effect of the Bumpy Laminated Elastic Mandrel

Based on the results obtained so far, Figure 18 shows a comparison of the cross-sectional shapes
acquired by unconstrained and constrained bending. As shown in Figure 18, the maximum width
Wmax was significantly improved by applying the constraint. In addition, the height H was reduced by
4.4%, and the minimum width Wmin was reduced by 9.8%. A decrease in height H is considered to be
due to the clearance between the tube and the mandrel, and the decrease in minimum width Wmin is
considered to be due to the axial tension.

In addition, Figure 19 shows the result of FEA using a model in which the wall thickness
of the rectangular tube was changed. The wall thickness of the rectangular tube increased;
the above-mentioned deformation in which the web collapses inward and wavy deformation was not
observed, but the deformation was mainly trapezoidal. Thus, it is considered that the pear-shaped or
corrugated cross-section deformation is peculiar to the ultra-thin rectangular tube. In order to suppress
this waveform deformation, it is necessary to adjust the clearance between the rectangular tube and
the core material.

Therefore, bending was performed by applying a stepped laminated mandrel, as shown in
Figure 20. Table 3 shows the experimental conditions. The height of the rectangular tube was H0 = 20
and the bending radius was R = 50. Axial tension was applied, and the height of the restraint jig was
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set to h = 20. The clearance between the rectangular tube and the core material was ChL = 0 to 0.5 in the
height direction and 0.5 mm in the width direction. Moreover, the effect was confirmed by adding a
step of 1.0 mm on the compression side and 0.5 mm on the tension side with the center line as the
boundary. Figure 21 shows the appearance after bending under each condition. Wrinkling occurred
in Figure 21a. This is considered to be because the clearance in the height direction was as large as
0.5 mm and the depression of the compression side flange surface, PTN, could not be suppressed.
In addition, in Figure 21b, splitting occurred. In contrast, in Figure 21c, a cross-sectional shape without
wrinkling or splitting was obtained. In order to examine these results, the post-bending cross-sections
were compared under the condition that the clearance was 1.0 mm in both height and width, and the
condition where the bumpy mandrel was applied. Figure 22 shows a comparison of deformation ratio
and Figure 23 shows a comparison of changes in wall thickness. Figure 20 demonstrates Hmax was
significantly suppressed in the bumpy mandrel. It is considered that this is because the bending in
the case of using the bumpy mandrel was CLh = 0 mm; thus, the deformation in the height direction
could be suppressed more than CLh = 1.0 mm. Accordingly, it was found that the clearance in the
height direction needs to be as small as possible to suppress the deformation in the height direction.
In contrast, the deformation of the width W was suppressed to some extent, but its effect was smaller
than that of H. As shown in Figure 21b, if the clearance on the tension side in the width direction is set
small (0.5 mm), a decrease in the width direction is suppressed, but conversely, cracking occurs. It is
considered that this is because the tension of the mandrel was increased and the friction between the
mandrel and the tube was increased by decreasing the clearance. Therefore, it was found that it is
necessary to adjust the clearance in the width direction of the mandrel on the tension side to allow
the tension and friction to relief in order to obtain a highly accurate cross-section after bending in
thin-walled tubes.

 

 

Figure 18. Comparison of the existence of restraint jigs.

 

 

(a) (b) (c) 

 

Figure 19. Effect of thickness; (a) t0 = 2.0 mm; (b) t0 = 1.0 mm; (c) t0 = 0.5 mm.
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Figure 20. Schematic of the bumpy laminated elastic mandrel.

Table 3. Conditions of experiment and simulation.

Height of Workpiece H0 20 mm

Bending drum radius R 50 mm
Axial tension α Apply

Height of restraint jigs h 20 mm

Laminated Elastic Mandrel
Height CLh 0.5 mm 0 mm 0 mm

Width CLw (Top/Bottom) 0.5/0.5 mm 0.5/0.5 mm 1.0/0.5 mm

 

α

 

(a) (b) (c) 

Figure 21. Effect of the bumpy laminated elastic mandrel; (a) CLh = 0.5 mm, CLw = 0.5/0.5 mm,
Axial tension; (b) CLh = 0 mm, CLw = 0.5/0.5 mm, Axial tension; (c) CLh = 0 mm, CLw = 1.0/0.5 mm,
Axial tension.

 

α

Figure 22. Effect of the bumpy laminated elastic mandrel on deformation ratio.
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α

Figure 23. Effect of the bumpy laminated elastic mandrel in thickness.

4. Conclusions

The results of investigating the deformation characteristics and suppression of the ultra-thin
rectangular tube in rotary draw bending are as follows:

1. The component flattening forces PTN and the distributed flattening force wTN increase as bending
degree ρ (bending radius R), thickness t0, height H0, and axial tension Pa increase.

2. Wrinkling tended to occur when bending an ultra-thin wall tube. However, wrinkling can be
suppressed by applying axial tension.

3. By applying the mandrel to a tube with R/H0 = 1.5 (H0 = 20, R = 50), it was possible to suppress
cross-sectional deformation in the height direction. In contrast, pear-shaped deformation peculiar
to ultra-thin wall tube occurred.

4. The pear-shaped deformation could be suppressed to Wmin = −4%, Wmax = 1% by restraining the
side surface of the ultra-thin wall tube with H0 = 10, R = 20. In contrast, wrinkling and waveform
deformation such as a long column buckling phenomenon occurred on the web of the tube with
H0 = 20, R = 50, h = 20.

5. By adjusting and stepping the clearance in the width direction of the mandrel on the tension side
and the compression side of the ultra-thin wall tube with R/H0 = 1.5 (H0 = 20, R = 50, h = 20),
along with the restraint on the side surface and the axial force, it was possible to suppress to
H = 1%, Wmax = 3%, and Wmin = −7%. Namely, it was possible to suppress the pear-shaped
deformation peculiar to ultra-thin wall tube and waveform deformation such as a long column
buckling phenomenon.

6. It was found that the deformation of the cross-section peculiar to the ultra-thin rectangular tube
can be suppressed by applying axial tension, applying side restraint (h = 20), and adjusting
the widthwise clearance of the mandrel on the compression and the tension sides of the tube
(CLh = 0 mm, CLw = 1.0 mm/0.5 mm).
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Abstract: The hydroforming of the overlapping blanks is a forming process where overlapping tubular
blanks are used instead of tubes to enhance the forming limit and improve the thickness distribution.
A distinguishing characteristic of the hydroforming of overlapping blanks is that the material can
flow along the circumferential direction easily. In this research, the circumferential material flow was
investigated using overlapping blanks with axial constraints to study the circumferential material
flow in the hydroforming of a variable-diameter part. AISI 304 stainless steel blanks were selected for
numerical simulation and experimental research. The circumferential material flow distribution was
obtained from the profile at the edge of the overlap. The peak value located at the middle cross-section.
In addition, the circumferential material flow could be also reflected in the variation of the overlap
angle. The variation of the overlap angle kept increasing as the initial overlap angle increased but
the improvement of the thickness distribution did not. There was an optimal initial overlap angle to
minimize the thinning ratio. An optimal thickness distribution was obtained when the initial angle
was 120◦ for the hydroforming of the variable-diameter part with an expansion of 31.6%.

Keywords: hydroforming; overlapping blank; variable-diameter part; thickness

1. Introduction

In the past decades, the demand for lightweight structures and components has been increasing
with the rapid development of the automotive industry [1]. A variety of tubular components, i.e.,
exhaust pipes, chassis systems and structural components are designed and assembled in automobiles.
The manufacturing processes of these components should be straightforward, efficient and reliable [2].
Tube hydroforming has proved itself as an advanced metal forming process to manufacture these
components because of its part consolidation, weight reduction and lower costs [3,4]. Variable-diameter
components, as a kind of typical hydroformed parts, are widely used in the exhaust pipes of automotives.
The diameter of the middle region of the variable-diameter tubular part is much larger than the end [5].

With regard to the tube hydroforming process of variable-diameter tubular components, there
are certain limitations on the degree of deformation owing to the hydroformability of the material
used [6]. Up to now, a number of studies on the hydroformability of tubular components have been
reported [7]. A high strain hardening exponent and a high plastic anisotropy of the material were
effective to improve the wall thickness [8,9]. Lubrication conditions had a significant effect on defects
of hydroformed parts, such as wrinkling, buckling and cracking [10,11]. The thickness distribution
was relatively uniform due to the low friction coefficient when an appropriate lubricant was used [12].
The loading path (the relationship of the internal pressure and the axial feeding) had a significant effect
on the formability for a certain material [13]. On the basis of it, the useful wrinkles have been proposed
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and applied to enlarge the process window [14]. It has been demonstrated that useful wrinkles can
improve the forming limit and thickness distribution by increasing axial feeding [15,16]. Wrinkling
defects, however, may occur easily due to the axial feeding if the diameter-to-thickness ratio (D/t) of
the part is extremely large [17]. It is not feasible to enhance the forming limit by increasing the axial
feeding in this situation.

Therefore, a novel approach was proposed, in which overlapping tubular blanks were used
instead of closed cross-section tubes [18]. A sound spherical part with an expansion of 60.0% was
obtained by using this approach, whereas the maximum expansion was only 46.1% using tubes with
closed cross-sections. The key to the enhancement of forming limits was the material flow along the
circumferential direction. However, the material flowed along both axial and circumferential directions
simultaneously due to the free ends of the overlapping blank. In order to study the material flow
along the circumferential direction, the influence of the axial direction should be avoided during the
hydroforming of overlapping blanks.

In this paper, the circumferential material flow was investigated using overlapping blanks
with axial constraints in the hydroforming of a variable-diameter part [19]. The shape of the
variable-diameter part was cylindrical to guarantee that the expansion rates were equal at the bulging
area. AISI 304 stainless steel blanks were selected for numerical simulation and experimental research.
The circumferential material flow distribution was reflected in the profile of the blank edge. The effect
of the overlap angle on the variation of the overlap and thickness distribution was studied.

2. Materials and Methods

2.1. Samples and Material

The sample was a variable-diameter part, as shown in Figure 1. The maximum diameter was
100 mm at the middle region and the diameter was 76 mm at each end. The diameter of the middle
region was 31.6% larger than the end. The length of the middle region was 56 mm. The angle of the
transition area was 20◦. The radius of the fillet was 15 mm in the transitional area.

 

 

Figure 1. Shape and dimension of the sample.

Overlapping tubular blanks were obtained from sheet blanks after bending and used for the
hydroforming of the variable-diameter part. In comparison with the closed cross-sectional tube which
was shown in Figure 2a, the cross-section of the overlapping blank was open. The overlap consisted of
the inner and the outer layers, as shown in Figure 2b.
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(a) (b) 

α

Figure 2. Shape of cross-sections: (a) tube blank; (b) overlapping blank.

Figure 3a shows the shape and dimension of the overlapping blank. The outer diameter and the
length of the tubular blank were 76 and 250 mm, respectively. The level of the overlap was determined
by the initial overlap angle α that was defined as the angle between the edges of the inner layer and
the outer layer.

 

α

 

(a) 

 

(b) 

Figure 3. Shape and dimension of: (a) the overlapping blank; (b) the elastic body.

An elastic body was used for the expansion of the overlapping blank. The function of the elastic
body was achieved by rubber capsules that were available on the market. The diameter of the rubber
capsule ranged from 50 to 72 mm. The total length of the rubber was 150 mm and the length of the
bulging area of the rubber was 128 mm, as shown in Figure 3b. The maximum elastic elongation of the
rubber was 100% at least, which was much higher than the expansion rate of the blank. Therefore, the
rubber capsule was capable of the hydroforming of the variable-diameter part. There was an entrance
for the liquid medium at the right of the elastic body. At the left, the gaskets and the nut could seal the
left end of the rubber capsule.

AISI 304 stainless steel blanks were used in the simulation and experimental research. The initial
wall thickness of the blank was 0.5 mm. The uniaxial tensile tests were conducted on an AGX-plus
20KN/5KN (SHIMADZU Corp., Kyoto, Japan) machine along the rolling direction of the sheet blanks.
Common tensile properties like yield and ultimate tensile strength were obtained from the true
stress-strain curve, as shown in Figure 4. The mechanical properties are given in Table 1.
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σ σ δ

Figure 4. Flow stress curve of AISI 304 stainless steel.

Table 1. Mechanical properties of AISI 304 stainless steel.

Elastic Modulus
E (GPa)

Yield Strength
σs (MPa)

Ultimate Strength
σb (MPa)

Elongation
δ (%)

208 287 903 52.6

2.2. Experimental Setup

The experiments were conducted on the 10 MN hydroforming machine. Figure 5 shows the
schematic diagram of the experimental setup for the hydroforming of the variable-diameter part.
The hydroforming tools mainly consisted of a lower die, an upper die, two blocks and a self-sealing
elastic body.

 

σ σ δ

 

Figure 5. Schematic diagram of the experimental setup.

The liquid medium flowed into the rubber capsule cavity via the right entrance of the elastic body
during the hydroforming process. The two blocks were placed against the ends of the elastic body
to prevent it from extending along the axial direction, as shown in Figure 6. The pressurized liquid
was stored in the expansive elastic body which pushed the overlapping blank to bulge as the internal
pressure increased. When the process finished, the internal pressure was unloaded and the capsule
could be taken out from the blank due to its high elasticity property.
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Figure 6. The self-sealing elastic body used for the experiment.

2.3. Finite Element Model

The numerical simulation was conducted with FEM software Abaqus 6.13. (SIMULIA Corp.,
Providence, RI, USA) Figure 7 shows the finite element model used for the hydroforming of a
variable-diameter part with overlapping tubular blanks. The die and the blocks were defined as a rigid
body. The overlapping blank was defined as a deformed body using the elastoplastic model. The
elastic body was defined as a hyperelastic model and its original shape was simplified into a cylinder
in the finite element model. The influence of the elastic body shape was limited to the simulation
results due to the high elasticity.

 

 

),,( 1
2

1
121

2
3213

2
13

2
32

2
212

2
3

2
2

2
11

)(
)()()(

Figure 7. Finite element model.

As for an isotropic and incompressible material, the strain–energy function W can be described as
a function of principal elongations [20]:

W = W(λ1,λ2,λ1
−1λ2

−1) (1)

In the Mooney–Rivlin model, W is described as a function of strain invariants (I1, I2, I3) [21].
The relationship between the principal elongations and strain invariants can be written as:

I1 = λ1
2 + λ2

2 + λ3
2

I2 = (λ1λ2)
2 + (λ2λ3)

2 + (λ3λ1)
2

I3 = (λ1λ2λ3)
2

(2)

In addition, W only depends on the first two invariants I1 and I2 because the third invariant I3

is constant which equals one for incompressible materials [22]. When the level of deformation of an
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elastic body is relatively low, it is reasonable to apply the original first-order Mooney–Rivlin model,
which is expressed as:

W = C10(I1 − 3) + C01(I2 − 3) (3)

where C10 and C01 represent the material constant of the deviatoric component. In this research, the
two coefficients were set at 0.4920 and 0.1752 MPa according to the tensile test result of the rubber
material used.

All the meshes of the body were shell elements. The element size of the blank and the elastic body
was set at 2.0 mm. The total numbers of elements of the two deformed bodies were 18,960 and 11,280.
The friction coefficients were selected as 0.10, 0.10 and 0.18 at the die-blank, blank-blank and elastic
body-blank interface, respectively.

2.4. Boundary Conditions

To investigate the deformation process in hydroforming process, the maximum forming pressure
should be determined, which can be calculated as follows:

pmax =
2t

d
σb (4)

where t and d are the initial wall thickness and the diameter of the overlapping tubular blank,
respectively. σb is the ultimate strength, which can be found in Table 1. The maximum forming
pressure was 9.03 MPa obtained from Equation (4). In this research, the forming pressure of 9.0 MPa
was selected as the maximum forming pressure.

In addition, wrinkling defects at the overlap are likely to occur because of the material flow
along the axial direction at each end of the overlapping blank. Therefore, three boundary conditions,
free, tied, axial constraint ends, were selected to investigate the effect of boundary constraints on
wrinkling defects. For the tied ends, the outer and inner layers were bound together at each end of the
blank. The displacements of the inner and outer layers are equal, as shown in Figure 8a. For the axial
constraint ends, the material flow along the axial direction was completely restrained at each end. The
displacements of the inner and outer layers are equal to zero, as shown in Figure 8b.

 

)3()3( 201110

2
max

σ

  
(a) (b) 

Figure 8. Schematic diagram of boundary conditions: (a) tied ends; (b) axial constraint ends.

3. Results

3.1. Effect of Boundary Conditions on Wrinkling Defects

Figure 9 shows the deformation process of hydroforming of overlapping blanks with free ends.
The blank buckled at the overlap edge of the outer layer at the beginning, as shown in Figure 9a. The
wrinkling defects occurred at the outer and inner layer of the overlap as the forming pressure increased,
as shown in Figure 9b,c. The material at each end flowed towards the middle area along the axial
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direction. Meanwhile, the displacement along the axial direction at the edge was larger than that at the
interior of the wrinkling zone. The unequal displacement aggregated the wrinkling defects.

 

 

Figure 9. Hydroforming lapping blank with free ends (a) p = 2.0 MPa; (b) p = 5.0 MPa; (c) p = 9.0 MPa.

To decrease the difference in the axial displacement and control the wrinkling defects, the overlaps
of the blank were tied together at each end. However, slight wrinkling at the outer layer still existed
when the ends were tied, as shown in Figure 10. It is indicated that the occurrence of wrinkling defects
cannot be avoided if the axial movement of the material at each end is not restricted.

 

restricted. 

 
Figure 10. Hydroforming of overlapping blank with tied ends (a) p = 2.0 MPa; (b) p = 5.0 MPa; (c) p =

9.0 MPa.

It is indicated that the occurrence of wrinkling defects cannot be avoided if the axial movement of
the material at each end is not restricted. Therefore, a blank with axial constraint ends was used to
control the wrinkling defects by restricting the flow of the material towards the middle region. The
level of wrinkling defects was eased further, as shown in Figure 11. Hence, the axial constraints had a
beneficial effect on the hydroforming of overlapping tubular blanks.
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Figure 11. Hydroforming of overlapping blank with axial constraint ends (a) p = 2.0 MPa;
(b) p = 5.0 MPa; (c) p = 9.0 MPa.

3.2. Material Flow Along the Circumferential Direction

The most important difference between the overlapping tubular blank and the tube involves
whether the material can flow along the circumferential direction during the hydroforming process.
Figure 12 shows the distribution of the circumferential material flow at the edge of the inner layer when
the initial overlap angle is 120◦. The expansion rates were equal at the middle area of the hydroformed
part because the shape of the variable-diameter part was cylindrical. Therefore, the circumferential
material flow, or the circumferential supplement, could be reflected in the profile of the blank edge
directly. The profile of the edge of the inner layer was concave. That the maximum value was located
at the middle cross-section could indicate that the maximum level of the circumferential material flow
occurred at the middle cross-section for a plane-symmetric part. Additionally, it could be inferred that
the nonuniform circumferential material flow led to a plane-bending deformation.

 

Figure 12. Distribution of circumferential material flow at the edge of the inner layer.

3.3. Thickness Distribution

To achieve the axial constraints, the arc rings were welded onto the ends of the overlapping blank,
as shown in Figure 13a. The perimeter of the blank was 320 mm and the initial overlap angle was 120◦.
Figure 13b shows the hydroformed part under the forming pressure of 9.0 MPa. The wrinkling defects
were scattered at the outer layer of the blank and the wrinkling defects of the inner layer were avoided.
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(a) (b) 

Figure 13. Hydroforming of overlapping blank under axial constraints in experiment results. (a) Initial
blank; (b) hydroformed part.

Then the redundant overlap and the axial constraints were removed. Then the reserved part was
hydroformed again in order to smooth its surface. Finally, a sound part without wrinkling defects was
manufactured. Figure 14 shows the final variable-diameter part.

 

 

Figure 14. The final variable-diameter part.

The thinning ratio distribution was obtained at typical sections of the final part. Figure 15a shows
the thinning ratio distribution along the axial direction. The difference in thinning ratio distribution
was obvious between the overlap and the opposite side to the overlap. The maximum thinning ratio
was 15.9% opposite to the overlap at the bulging region (Point 11) whereas it was only 4.4% at the
transition region of the overlap (Point 8). It is indicated that the thickness was nonuniform at the
cross-section of the overlapping blank. Detailed variation of the thickness at the middle cross-section
is shown in Figure 15b. There were 25 measuring points marked at the middle cross-section. Points 1
and 25 were at the overlap and Point 13 was opposite to the overlap. It can be seen that the thinning
ratio continually increased from the overlap towards the opposite. The maximum thinning ratio was
15.9% close to the opposite side of the overlap (Point 12) whereas the minimum thinning ratio was
2.1% at the outer layer of the overlap (Point 25).
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Figure 15. Thinning ratio distribution (a) along axial direction; (b) at middle cross-section. 
Figure 15. Thinning ratio distribution (a) along axial direction; (b) at middle cross-section.

4. Discussion

4.1. Stress and Strain Analysis

The simulation and experiment results showed that wrinkling defects are the main forming failure
during the hydroforming of overlapping tubular blanks. These wrinkles were usually perpendicular
to the axial direction at the overlap. It was implied that the level of compressive axial stress was very
high at the region. Figure 16 shows the stress distribution along and opposite to the edge of the outer
layer of overlap with both ends of the overlapping blank under axial constraints. The hoop stress and
the axial stress increased sharply opposite to the edge, which was analogous to that during the tube
hydroforming. On the other hand, the hoop stress was compressive and varied slightly beneath the
yield stress and the axial stress was compressive along the edge of the outer layer. Particularly, the
compressive axial stress dramatically increased at the axial coordinate of −60 and 60 mm when the
internal pressure was 2.0 MPa. With the blank expanding, the maximum compressive axial stress was
as many as 589 MPa at the bulging region. Therefore, wrinkling defects occurred at the edge owing to
the compressive axial stress during the hydroforming process.

 

  
(a) (b) 

−

Figure 16. Stress distribution along axial direction. (a) Hoop stress; (b) axial stress.

Although the variation of axial compressive stress was discussed before, the deformation model
at the wrinkling region should be determined. Figure 17 shows the axial stress distribution of the
outer overlap at the cross-section where the compressive axial stress sharply increases. The increase of
compressive axial stress occurred at section A-A when the internal pressure was 2.0 MPa. The axial
stress increased from −152 MPa at the edge (Point 1) to 80 MPa at the interior (Point 11). A bending
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moment formed at the outer overlap due to the stress distribution at section A-A. This phenomenon
was more obvious at section B-B when the internal pressure was 5.0 MPa. The axial stress increased
from −325 MPa at the edge (Point 1) to 121 MPa at the interior (Point 11). It is indicated that a bending
deformation happens at the edge of the overlap. It is extremely possible that wrinkling defects are
caused by a bending moment at the inside radius.

 

 

(a) (b) 

α

Figure 17. Axial stress distribution at the outer layer of overlap. (a) p = 2.0 MPa; (b) p = 5.0 MPa.

The strain variation of the hydroformed part was obtained to study the circumferential deformation
behavior. Figure 18 shows the circumferential and normal strain distribution at the middle cross-section.
The materials of the part elongated along the circumferential direction and thinned along the normal
direction in common. The maximum circumferential strain was 0.194 and the minimum normal strain
was −0.176 at Point 12. Due to the application of axial constraints, the axial strain of Point 12 was only
−0.018, of which the absolute value was much smaller than those of the circumferential and the normal
strains. Therefore, the deformation mode was similar to the plane strain state during the hydroforming
of an overlapping blank under axial constraints.

 

 

α

Figure 18. Strain distribution at the middle cross-section.
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4.2. Variation of the Overlap Angle

It is difficult for the overlapping blank to deform simultaneously as its geometry is
nonaxisymmetric. Figure 19 shows this deformation process of the overlapping tubular blank
when the initial overlap angle α = 140◦. The deformation sequence was the outer layer of overlap at
first, then the inner layer of overlap, and the opposite side to the overlap at last. The deformation had
already occurred at the outer layer of the overlap when the internal pressure was 2.0 MPa, as shown in
Figure 19b. This value of internal pressure was only about half of the yield pressure, in comparison
with hydroforming of tubes with closed cross-sections. The yield pressure in tube hydroforming is
usually calculated in Equation (5) [23]:

py =
2t

d
σs (5)

where σs is the yield strength of the material, which can be found in Table 1. Therefore, the yield
pressure was 3.78 MPa calculated from Equation (4).
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σ
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α β

−

Figure 19. Deformation process of the overlapping tubular blank. (a) p= 0 (initial state); (b) p = 2.0 MPa;
(c) p = 5.0 MPa; (d) p = 9.0 MPa.

Figure 19c shows that the entire overlap contacted the die cavity whereas the opposite side to the
overlap did not as the internal pressure reached 5.0 MPa, which was only 1.3 times larger than the
yield pressure. The bulging height was higher at the overlap than opposite to the overlap at the same
level of forming pressure. Finally, the rest of the blank had already contacted the die cavity completely
since the internal pressure reached 9.0 MPa, which can be seen from Figure 19d. The majority region
was opposite to the overlap where the value of the Mises stress was relatively high. The final overlap
angle β decreased to 43◦.

The circumferential material flow can be also reflected in the variation of the overlap angle, which
is defined as follows:

∆ = α− β (6)

where α and β represent the initial and the final overlap angle at the middle cross-section, respectively.
Figure 20 shows the variations of the overlap angle under different initial overlap angles. The
hydroformed part failed when the initial overlap angle was 80◦ because the inner and the outer layers
were separated. The final overlap angle was negative and its value was −7◦ in this condition. The
value of the final overlap angle was positive when the initial overlap angle was larger than 100◦. The
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variation of the overlap angle kept increasing as the initial overlap angle increased. It meant that
more circumferential supplement of the material was achieved if the initial overlap angle became
larger. However, the velocity of increase declined gradually and the variation of the overlap angle was
constant since the initial overlap angle was larger than 160◦. This indicated that there was a limit of the
circumferential supplement during the hydroforming using the overlapping blank.

 

 

α

α α
Δ

Figure 20. The variations of the overlap angle under different initial overlap angles.

4.3. Effect of the Overlap Angle on the Thickness Distribution

Figure 21 shows the effect of the overlap angle on the thickness distribution at the middle
cross-section when the initial overlap angle ranges from 100◦ to 180◦. The thinning ratios of α = 100◦

were much smaller than other conditions near the two edges of the hydroformed part. The maximum
thinning ratio of α = 100◦ was larger than that of α = 120◦. It seemed that the increase of the variation
of the overlap ∆ contributed to the improvement of the thickness distribution. However, the maximum
thinning ratio became larger with the initial overlap angle increasing since the initial overlap angle
was greater than 120◦. An optimal thickness distribution was obtained when the initial angle was 120◦

for the hydroforming of the variable-diameter part with an expansion of 31.6%. To sum up, there was
an optimal initial overlap angle to minimize the thinning ratio when taking into account the variation
of the overlap angle and the effectiveness of the material flow along the circumferential direction.

 

α

α α
Δ

Figure 21. Effect of the overlap angle on the thickness distribution at the middle cross-section.
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5. Conclusions

In this paper, the circumferential material flow was investigated using overlapping blanks with
axial constraints in the hydroforming of a variable-diameter part. A self-sealing elastic deformation
body was used as a loading tool to store the pressurized liquid. Numerical simulation and experimental
methods were used to investigate the deformation features. The detailed results were as follows:

(1) The effect of boundary conditions: free ends, tied ends and axial constraint ends, on wrinkling
defects at the overlap was studied. Wrinkling defects can be weakened when the blank with axial
constraint ends was used.

(2) Wrinkling defects occurred at the edge of the overlap owing to the compressive axial stress.
Furthermore, a bending deformation was observed through the stress analysis.

(3) The deformation of the blank at the overlap initiated at a low pressure that was nearly half of
the yield pressure for tube bugling. The contact sequence to the die cavity of the blank was the
overlap at first, then the inner layer of overlap, and the opposite side to the overlap at last.

(4) The circumferential material flow was obtained when axial constraints were applied to avoid the
influence of the axial material flow. The profile was concave at the edge of the overlap due to the
circumferential material flow. The peak value is located at the middle cross-section.

(5) The variation of the overlap angle increased with the initial overlap angle increasing but the
improvement of the thickness distribution did not. An optimal thickness distribution was
obtained when the initial angle was 120◦ for the hydroforming of the variable-diameter part with
an expansion of 31.6%.
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Abstract: In this paper, we propose a method of forming a tube into an oblique/curved shape by
synchronous multipass spinning, in which the forming roller reciprocates in the radial direction in
synchrony with the rotation angle of the spindle while the roller moves back and forth along the
workpiece in the axial direction to gradually deform a blank tube into a target shape. The target
oblique/curved shape is expressed as a series of inclined circular cross sections. The contact position of
the roller and the workpiece is calculated from the inclination angle, center coordinates, and diameter of
the cross sections, considering the geometrical shape of the roller. The blank shape and the target shape
are interpolated along normalized tool paths to generate the numerical control command of the roller.
By this method, we experimentally formed aluminum tubes into curved shapes with various radii of
curvature, and the forming accuracy, thickness distribution, and strain distribution are examined.
We verified that the curved shapes with the target radii of curvature can be accurately realized.

Keywords: metal spinning; tube forming; incremental forming; numerical control

1. Introduction

Metal spinning is a metal forming process in which a metal tube or sheet is rotated by a motor and
pushed by a roller tool to form a target shape. Since the tooling cost of metal spinning is lower than that
of press forming, it is effective for small-lot production of many kinds of custom-made products and for
product prototyping. Moreover, this process is also applied to mass-produced parts and products such
as automobile exhaust parts and stainless-steel bottles. It is also advantageous for manufacturing large
metal shells requiring a large die. In addition, there is an advantage that the forming force is small
because only the portion where the roller is in contact with is locally deformed; hence, the apparatus
size, noise, and vibration are small.

To form products with higher added value, research on noncircular spinning, which can produce
noncircular cross-sectional shapes such as an ellipse, eccentricity, and polygon, has advanced in
recent years [1,2]. In conventional metal spinning, only products with a circular cross section can be
formed, since the forming is performed while rotating the workpiece. If metal spinning can easily
form noncircular shapes, which have been manufactured by press forming or sheet metal welding so
far, the application of metal spinning will be further expanded.

Formation of exhaust system parts is a typical application of metal spinning in the automotive
industry. There is a large demand for a manufacturing method by which the end of a tube is formed into
an oblique/curved axis. Irie et al. [3] developed a spinning machine for necking a stainless steel tube
into an oblique/curved shape by shifting and tilting the central axis of a blank tube relative to the spindle
axis of the planetary forming rollers, which revolve around the workpiece while necking it. Xia and
coworkers [4,5] built a finite element model (FEM) simulation of the same process and evaluated the
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forming force, stress, strain, and thickness distribution. They also spun an oblique shape in experiments
and compared the forming force and the thickness distribution with the simulation results.

Another way to form an oblique/curved shape by metal spinning is synchronous spinning,
in which the roller moves in synchrony with the workpiece rotation. Amano and Tamura [6] first
succeeded in synchronous spinning of an elliptic cone from a steel sheet. They used a mechanical cam,
gears, and a lever to drive a roller synchronized with the rotation of a mandrel. Xia et al. [7] proposed a
profile driving method in which a three-dimensional cam pushes a forming roller to follow the surface
of the product shape and formed various types of noncircular cones. The drawback of mechanical
synchronization is lack of flexibility, because it requires a dedicated cam as well as a mandrel for each
shape. Numerical control of the forming roller and spindle can realize synchronous spinning more
easily without such complicated mechanisms. Shimizu [8] used pulse motors to drive the roller and
mandrel to form elliptic and square cones by synchronous spinning. Arai et al. [9] built a CNC spinning
machine with the spindle axis driven by a servo motor for synchronous spinning and conducted
noncircular tube necking of aluminum tubes.

Sugita and Arai [10] proposed synchronous multipass spinning, which deforms the workpiece
gradually in multiple steps from a flat blank to the final shape. This method can form noncircular
shapes with vertical walls such as a square cup because the sine law for the wall thickness in shear
spinning is not valid in multipass spinning. Härtel and Laue [11] formed a tripod shape with two
roller passes while avoiding forming failures by optimization of the forming parameters based on FEM
simulation. Music and Allwood [12] developed a spinning machine for noncircular shapes in which
the internal rollers were controlled to support the workpiece instead of the mandrels. Russo et al. [13]
used the spinning machine of [12] for synchronous multipass spinning of square and elliptic cups
without using mandrels. They investigated how the degree of asymmetry of the cross-section shape
influences the difficulty of forming and the properties of the formed products.

Regarding the synchronous spinning of an oblique/curved shape, Sekiguchi and Arai [14] proposed
a method of controlling the tool position in the radial and axial directions in synchrony with the
spindle rotation and experimentally formed oblique/curved shapes from aluminum sheets. In contrast,
Han et al. [15] geometrically calculated the contact position of the roller with an oblique cone and
moved the roller in the radial direction for synchronous spinning. Sekiguchi and Arai [16] used
force control of the roller to push the material onto the inclined mandrel and formed an inclined
cone by reciprocating the roller in the axial direction. As the processes described in [14–16] involve
forming with only one pass and are equivalent to shear spinning, the wall thickness basically follows
the sine law. The target shape should be limited to prevent fracture, and vertical walls cannot be
formed. Arai and Kanazawa [17] combined this method with multipass spinning, in which the roller
reciprocates between the mandrel and the outer edge of the workpiece to deform the workpiece
progressively, thereby forming circular and square cups with inclined bottoms from aluminum disks.
The position command of the roller is generated by combining the data of a blank disk, the target
shape, and the normalized tool paths. Han et al. [18] spun a circular cup with an oblique open end
from an offset blank by synchronous multipass spinning. Xiao et al. [19] also used a multipass spinning
method to form an angled-flange cylinder from a blank disk.

When the synchronous spinning is performed without a mandrel, the shape of the formed
product is completely determined by the roller motion. Therefore, it is necessary to transform the
geometrical target shape into the numerical control (NC) program of the roller. In particular, the point
of contact between the roller and the target product to form the target shape must be obtained to
calculate the tool trajectory. However, the importance of this calculation stage has not been properly
recognized so far except in some previous works. Arai [20] applied the synchronous multipass spinning
method described in [17] for necking a tube into an oblique/curved shape. In the forming experiment,
oblique/curved shapes that were almost the same as the target shape were obtained. On the other
hand, the surface of the tube tends to be peeled off owing to friction caused by the side slip of the
roller as the roller slides over the workpiece in the axial direction. Since this problem becomes more
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serious as the tilt angle increases, it is difficult to form a shape with a large inclination angle. Arai [21]
utilized a 3D computer aided design (CAD) model in noncircular tube spinning to represent the target
shape and calculated the roller contact position using a searching algorithm considering the roller
shape geometrically. Although this method can also handle oblique/curved shapes and the spinning
of inclined shapes was actually demonstrated in [21], it requires a 3D CAD system to build a target
shape model.

In this paper, a synchronous multipass spinning method for oblique/curved tube necking is
proposed. The target shape is represented by interpolation of a series of inclined circular cross sections
with offsets without using a 3D CAD system. The position where the roller and the product surface come
in contact at only one point to form the target shape is calculated by a searching algorithm considering
the geometrical shape of the roller. The NC command of the roller is obtained by linear interpolation
between the blank shape and the target shape along multiple tool paths, which are normalized in a
two-dimensional virtual plane. Since the roller mainly moves in the radial direction in synchrony
with the spindle rotation, peeling off of the workpiece surface described in [20] can be prevented.
The workpiece is fixed to the spindle and not tilted as in [3–5]. It allows for a larger inclination
angle and a smaller radius of curvature of the target shapes. Curved shapes with various radii of
curvature are formed from aluminum tubes in the experiments by this method. The formed shapes are
measured using a laser range sensor to verify the forming accuracy. The thickness distribution and
strain distribution of the products are also evaluated.

2. Calculation of Roller Position

The roller motion in the synchronous spinning of a noncircular shape is expressed as
three-dimensional data, consisting of the radial position and the axial position of the roller, and the
spindle rotation angle. In the case of multipass spinning, the roller trajectory deforms the blank tube
into the target shape step by step. The roller should move along the surface of the target shape in the
final pass and the roller should move along the blank tube in the initial pass. Thus, the NC commands
of the roller trajectory are calculated as follows.

(1) Calculation of the roller contact position with the product with the target shape.

(2) Interpolation of the blank shape and the target shape along the normalized paths.

2.1. Calculation of Roller–Product Contact Position

Since a nonspherical roller is commonly used for a forming tool in metal spinning, it is difficult
to analytically solve the contact position between a general oblique/curved product surface and the
roller. Therefore, the position where the roller and the target product come in contact at a single point
is obtained by a searching algorithm. The target shape is expressed as a series of inclined circles
with offset, whose radii, inclination angles, and center coordinates are given individually. Then,
the coordinates of a point on the surface of the target shape can be represented by two parameters,
the normalized axial distance along the workpiece, λ (0 ≤ λ < 1), and the circumferential central
angle along the cross section, ω (0 ≤ ω < 2π). Here, the roller axial position and the spindle angle are
assumed to be fixed, which means that the roller only moves in the radial direction. By varying the
parameters λ and ω, we obtain the points on the target shape corresponding to each set of parameters.
For each of these points, the radial position of the roller when this point is also on the surface of the
roller is calculated. Among these positions, the position where the roller is most distant from the
spindle axis is the position where the roller and the target product come into contact at only one point.

2.1.1. Expression of Target Shape and Roller Shape

First, a point on the surface of the target shape is expressed by the x, y, z coordinates in the
Cartesian coordinate system (Figure 1). The spindle axis of the spinning machine coincides with the z

axis, and the radial direction of the roller motion is parallel to the x axis. An oblique/curved shape of a
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tube with circular cross sections whose centers are on the xz plane is the target shape. In a cross section
of the tube with the target shape, the radius of the circle is r, the inclination angle relative to the z axis
is α, and the center coordinates are (xC, 0, zC). Here, r, α, xC, and zC are the functions r(λ), α(λ), xC(λ),
and zC(λ) (0 ≤ λ < 1) of the parameter λ. λ = 0 and λ = 1 represent both ends of the target shape.
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Figure 1. xyz coordinates of point P0 on a circular cross section of the target shape. The y axis is in the
direction into the page.

In practice, the target shape is represented by a series of discrete circular cross sections, and r, α, xC,
and zC can be obtained by interpolation at intermediate positions. When λk and λk+1 are respectively
assigned to the kth and k + 1th cross sections, the radius r, the inclination angle α, and the center
coordinates (xC, 0, zC) in the intermediate cross section are represented as
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The point P0 (xW0, yW0, zW0) on the surface of the tube with the target shape corresponding to the
central angle ω is represented as



















xW0 = xC + r cosα cosω
yW0 = r sinω

zW0 = zC − r sinα cosω
(2)

When the tube with the target shape is rotated around the z axis by an angle θ, the point P0 moves
to P (xW , yW , zW).





















xW

yW

zW





















=





















cosθ − sinθ 0
sinθ cosθ 0

0 0 1









































xW0

yW0

zW0





















(3)

The shape of the roller is the outer periphery of a donut-shaped torus of diameter D, with a
roundness radius of ρ (Figure 2). The radius of the roundness center R is expressed as R = D

2 − ρ.
The center of the roller is on the xz plane and the roller axis is parallel to the z axis. Let the coordinates
of the roller center Q be (xR, 0, zR). When the point P (xW , yW , zW) on the surface of the tube with the
target shape is in contact with the roller, the radius RW of the roller surface at the contact point is

RW = R +

√

ρ2 − (zW − zR)
2 (4)

At this time, the x coordinate of the roller center Q is expressed as

xR = xW +
√

RW
2 − yW

2 (5)
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Figure 2. Position of the center of the roller, Q. Point P on the tube with the target shape is also on the
surface of the roller.

2.1.2. Search of Contact Position

Then the point of contact between the roller and the target product to form the target shape is
searched by the following procedure (Figure 3). The rotation angle θ of the target shape around the z

axis and the position zR of the roller in the axial direction are given. The parameters λ and ω are varied
within the range of 0 ≤ λ < 1 and 0 ≤ ω < 2π, and the corresponding points (xW , yW , zW) on the tube
with the target shape are obtained from Equations (2) and (3). Then, the radial position xR of the roller
is calculated from Equations (4) and (5). The position where xR becomes maximum is the position
where the target shape and the roller come in contact at a single point. The above search calculation for
(λ,ω) is repeated while changing the angle θ of the target shape and the axial position zR of the roller,
and the corresponding radial position xR(zR,θ) of the roller is obtained over the entire surface of the
tube with the target shape.

The contact point between the roller and the target shape only exists in zR − ρ < zw < zR + ρ

considering the thickness of the roller. Moreover, it is not necessary to consider the contact position on
the opposite side where the target shape does not face the roller. These limitations can narrow the
search range of λ and ω. In practice, the incremental step sizes ∆λ and ∆ω are assigned to λ and ω,
respectively. After the maximum value of xR is obtained in the discretized space of (λ,ω) with coarse
step sizes, a finer search using smaller step sizes is conducted around the neighborhood of (λ,ω) for
the former maximum xR. This algorithm can reduce the total computation time.
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Figure 3. Computation algorithm for searching the roller contact position with the target shape.

2.2. Interpolation of Roller Position

Finally, the roller position during multipass spinning is calculated by interpolation. The roller
moves back and forth in the axial direction in synchrony with the spindle rotation to approach the
oblique/curved target shape. The computation method in [21] to calculate the NC command from the
positions where the roller comes in contact with the product and the blank tube is reviewed here.

The multiple tool paths composed of curved and straight path elements are defined on a virtual
two-dimensional plane (Figure 4) to cope with the asymmetry of a noncircular target shape. The virtual
plane is normalized from 0 to 1 in the axial direction sz and radial direction sx. The components sx and
sz are used as interpolation coefficients between the target shape and the blank shape. sz = 0 means
the tip end of the product and sz = 1 means the base end. When sx = 0, the roller is on the product
surface while the roller is on the blank surface when sx = 1.
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Figure 4. Example of normalized tool paths. The roller starts from the blank surface of the base end
and proceeds to the tip end increasing the radial feed. Then, the roller returns to the base end and the
radial feed is increased. This is repeated until sx = 0 and the roller moves along the target shape to the
tip end.

The axial and radial positions where the roller touches the product with the target shape are
defined as zt(sz) and xp(sz,θ), respectively, where θ is the spindle angle. zt(sz) is obtained from sz as

zt = z0 + (z1 − z0)sz (6)

where z0 is the axial position of the tip end and z1 is that of the base end. The radial position for the
blank tube at sz is also defined as xb(sz,θ). xb(sz,θ) is constant if the blank is a straight circular tube.

The radial positions, xp(sz,θ) and xb(sz,θ), are interpolated using sx as an interpolation coefficient
to obtain the intermediate radial position xt as follows.

xt = sxxb(sz,θ) + (1− sx)xp(sz,θ) (7)

Thus, the roller position (xt,zt) is sequentially calculated along the normalized paths to obtain the
entire trajectory from the start to the end of the spinning process. The series of roller positions and
spindle angles (xt,zt,θ) are executed by NC commands for linear interpolation.

3. Forming Experiments

Using the NC programs generated by the method in Section 2, aluminum tubes were experimentally
spun into curved shapes with various radii of curvature. The formed products were scanned by a laser
range sensor to verify the dimensional accuracy. The thickness and strain distribution of the products
were also examined.

3.1. Experimental Setup

The spinning experiments were conducted using a five-axis CNC spinning machine with two
rollers (Figure 5). Each roller was driven by two AC servo motors of 1.3 kW and ball screws of
10 mm lead. The spindle was driven by an AC servo motor of 1.3 kW with a planetary reduction
gear. The rollers were made from tool alloy steel (SKD 11) with 88 mm diameter and 4 mm roundness
radius. The blank tube of pure aluminum (A 1050 TD-H) had 50 mm diameter and 1.55 mm thickness.
The surface of the workpiece and the roller were lubricated using compressor oil (ISO VG 68).
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Figure 5. Five-axis two-roller CNC spinning machine.

3.2. Target Shape

Four types of curved shape with different radii of curvature, samples A, B, C, and D, were formed.
The diameter of the necked portion was 30 mm. The radii of curvature of the outer side were (A) 40 mm,
(B) 50 mm, (C) 60 mm, and (D) 70 mm, therefore, the radii of curvature of the inner side were (A) 10 mm,
(B) 20 mm, (C) 30 mm, and (D) 40 mm, respectively. A cross section in the middle of the curved portion
was perpendicular to the spindle axis (α = 0) and its center had an offset xC of 7 mm from the axis.
As described in Section 2.1.1, the curved portion was composed of discrete circular cross sections.
The step of inclination angle was 1◦ and the position of each center was calculated according to the
radius of curvature. The maximum inclination angle, |αMAX|, was (A) 64◦, (B) 55◦, (C) 45◦, and (D) 41◦.

The calculation algorithm of the contact position of the roller in Section 2.1 was programmed in C
language. The contact positions were calculated at 120 points per rotation of the workpiece and every
1 mm in the axial position of the roller. In the case of sample D, 8760 contact positions were calculated
in total. The calculations took 12 s using a Windows personal computer (Intel Core i7 CPU, 3.6 GHz).

3.3. Multiple Tool Paths

In the experiments reported in [21], normalized multiple tool paths that were nearly parallel to
the axial direction similar to those in Figure 4 were used. Regarding spinning eccentric and oblique
shapes, [21] showed that the asymmetry of the radial feed resulted in uneven axial elongation, which
depends on the circumferential location. In the case of a small number of paths, the bias of elongation
bended the workpiece during the spinning process and it deteriorated the dimensional accuracy.

To solve this problem, a different pattern of normalized paths as shown in Figure 6 was used.
Each path element connected between the base side of the target shape and the tip side of the blank.
The dimensional error in [21] occurred because the intermediate workpiece was bent beyond the
surface of the target shape. The new normalized paths can provide the intermediate workpiece a larger
margin to the target shape as the roller approaches the tip end.
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Figure 6. Normalized tool paths used in the experiments. The roller moves along the curved path
elements between the base side of the target shape and the tip side of the blank surface. The radial feed
to the target shape increases from the base side to the tip side.
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The number of roller passes was 12 roundtrips. The axial roller feed was 2 mm/rev. The final pass
along the whole target shape had a 1 mm/rev roller feed. The spindle speed was 30 rpm.

3.4. Mearsurement of Products

Three samples were formed for each type of sample (A, B, C, and D). Two samples were used
for shape measurement by the laser sensor. White paint was sprayed on the surface of the spun
samples to obtain diffused reflection. A laser range sensor of 0.5 µm resolution was used to measure
the shape of each product. To obtain the profiles of the outer curve and inner curve, the surface of the
sample was measured every 1 mm in the axial direction. The average values of the two samples were
plotted. The circular cross section in the middle of the curved portion, which was perpendicular to
the spindle axis, was also measured circumferentially using the laser sensor every 9◦ of workpiece
rotation. From these 40 measurement positions, the offset of the center of the necked portion from the
axis was calculated. Also, the distance between the center and each measurement point was calculated,
and the average radius and the out of roundness, i.e., the difference between the maximum radius and
the minimum radius, were calculated.

The wall thickness and the strain distribution along the outer and inner sides of the curvature
were measured using another sample. For the measurement of the axial and circumferential strains,
grid lines were scribed on the inner surface of the blank tube before forming. The CNC spinning
machine was used to control the position of the L-shaped scriber and the rotation of the blank tube to
scribe the marks precisely on the inside of the tube. The line marks parallel to the spindle axis were
scribed every 7.5◦ of rotation of the blank tube. The circumferential marks perpendicular to the axis
were scribed every 2.5 mm in the axial direction for samples A and B and every 5 mm for samples C and
D. The change in the distance between the marks after the spinning process was measured to calculate
the axial and circumferential strains. The samples were cut in the axial direction away from the center
of the curve. Then pencil graphite was rubbed into the surface grooves. Transparent adhesive tape
was placed on the grid surface, removed, and transferred to paper to obtain a high-resolution image
of the grid marks for scanning. The positions of the grid points were identified by the image viewer
software to calculate the distance between the marks. The wall thickness of the same cut sample was
also measured using a digital micrometer with a dual ball anvil along the outer and inner curves every
5 mm in the axial direction.

4. Results and Discussion

4.1. Dimensional Accuracy

Figure 7 shows a photograph of the formed products of samples A, B, C, and D with different radii
of curvature. See Video S1 of the supplementary files. The peeling off of the workpiece surface reported
in [20] did not occur. Figure 8a,b show the profiles of the outer and inner sides of the curved portion
measured using the laser range sensor. The profiles mostly coincide with those of the target shape
(thin solid lines) except that the inner sides near the tip end of samples C and D tend to deviate from
the target shape. The root mean square of the deviation from the target shape is plotted in Figure 9.
The deviations are 0.08–0.12 mm on the outer side and 0.17–0.32 mm on the inner side.
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Figure 7. Formed products of samples A, B, C, and D.
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Figure 8. Profiles of the curved portion of samples A, B, C, and D. (a) Outer and (b) inner sides of the
curve. The thin solid lines correspond to target shapes. The horizontal axis represents the axial distance
from the middle cross section perpendicular to the spindle axis, in which the base side is negative and
the tip side is positive. The origin (0,0) is at the center of each target curvature.
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Figure 9. Root mean square of the deviation from the target shape.

The circular cross sections in the middle of the curved portion, which are perpendicular to the
spindle axis, were also measured circumferentially using the laser sensor. Table 1 shows the average
radius, the offset from the axis, and the out-of-roundness of each sample. The cross sections have the
radius and the offset close to the target values, 15 and 7 mm.
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Table 1. Average radius, offset from the axis, and out-of-roundness of the cross sections perpendicular
to the spindle axis.

Sample Type Average Radius (mm) Offset from Axis (mm) Out of Roundness (mm)

A 15.046 6.893 0.096
B 15.063 6.945 0.082
C 15.047 6.859 0.129
D 15.045 6.917 0.068

4.2. Strain Distribution

Figure 10a,b show the distribution of thickness strain along the outer and inner sides of the
curved portion of samples A, B, C, and D. The thickness strain was calculated from the measured
thickness of the formed products and the blank tube. The thickness strain of the outer side shows a
similar tendency for all samples. The wall thickness increases around the middle part and decreases
towards the base end. The thickness also decreases towards the tip end to a lesser extent. On the other
hand, the thickness of the inner side decreases around the middle of the curved portion. The peak of
thinning deviates from the zero position towards the base end. As the radius of the curvature increases,
the thinning becomes smaller and the thickness surpasses the blank thickness on the opposite side.
The thinning peak moves towards the base end as the curvature radius increases. The actual wall
thicknesses were as follows: sample A, 0.90–2.08 mm; sample B, 1.21–2.11 mm; sample C, 1.49–2.09 mm;
sample D, 1.65–2.57 mm.
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Figure 10. Distribution of thickness strain in the axial direction. (a) Outer and (b) inner sides of the
curve. The horizontal axis represents the distance in the axial direction. The origin of the horizontal
axis is at the middle cross section perpendicular to the spindle axis.

Figure 11a,b are plots of the axial strain and the circumferential strain along the outer side of
the curved portion. The surface of the outer side shrinks circumferentially and stretches axially.
The absolute value of these strains increases towards the tip end. Figure 12a,b show the axial and
circumferential strains along the inner side. Although the inner side also shrinks circumferentially and
stretches axially, the peak of strain is around the middle cross section. The axial strain at the middle
cross section increases as the radius of the curve decreases. This tendency agrees with that of the
change in thickness in Figure 10b.
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Figure 11. Distributions of (a) axial strain and (b) circumferential strain in the axial direction of the
outer curve. The horizontal axis represents the distance along the curved surface in the axial direction.
The origin is at the middle cross section perpendicular to the spindle axis.
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Figure 12. Distributions of (a) axial strain and (b) circumferential strain in the axial direction of the
inner curve. The horizontal axis represents the distance along the curved surface in the axial direction.
The origin is at the middle cross section perpendicular to the spindle axis.

4.3. Effect of Normalized Paths

To verify the effect of the new normalized paths in Figure 6, they were compared with simple
normalized paths parallel to the spindle axis. Sample B’, which had the same target shape as sample
B, was spun using the parallel paths and the dimensional accuracy was measured. Figure 13 shows
the actual roller paths for the inner side of the curve after the interpolation described in Section 2.2.
Figure 13a shows the actual paths using the parallel normalized paths and Figure 13b shows the actual
paths using the new normalized paths. The same axial roller feed and spindle speed were used for
both paths.
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Figure 13. Actual roller paths for samples (a) B’ and (b) B. xt and zt are the positions of the roller in the
radial and axial directions. The origin of the horizontal axes is at the base end of the product.
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The shapes of the inner curve measured using the laser sensor are plotted in Figure 14. The profile
of sample B’ deviates from the target shape near the tip end of the curve. In addition, the roller deviated
from the workpiece surface of the inner curve near the tip end while sample B’ was spun. The radial
feed of the inner side of the curve was larger than that of the outer side. Then, the inner side elongated
more than the outer side, and the tip end of the workpiece was bent towards the outer side beyond the
target shape. In contrast, the final roller paths of Figure 13b show less radial feed at the base side and a
larger margin to the target shape at the tip side than Figure 13a. Hence, the dimensional error near the
tip end was smaller in sample B.

 

 

Figure 14. Profiles of the inner curves of samples B (red) and B’ (blue). The thin solid line corresponds
to the target shape. The horizontal axis represents the axial distance from the middle cross section
perpendicular to the spindle axis. The origin (0,0) is at the center of the target curvature.

5. Conclusions

The proposed searching algorithm can find the contact position between the roller and
the oblique/curved shapes expressed as a series of inclined circular cross sections with offset.
The experiments focused on relatively simple curved shapes with cross sections of a constant radius
and with a constant curvature. However, more complicated curved shapes of changing radius and
curvature can be handled by the same algorithm. It is also easy to calculate the roller contact position
with the oblique target shapes of the straight-line profile.

In this study, the position of a point on the surface of the target shape is calculated from the two
parameters λ and ω using Equations (2) and (3). Here, it is assumed that the center of the circular cross
section is on the xz plane, and the cross sections are rotated around the y axis. These equations can
be naturally extended to handle more general cases where the center of the cross section has offset
in the x and y directions, and the cross section is inclined around the x and y axes. Furthermore,
the framework of this method is theoretically applicable to an arbitrary tubular surface that can be
parametrically expressed as functions of two parameters, e.g., ellipsoids, even if the cross-sectional
shape is noncircular.

The experimental results demonstrated that the proposed method can form the curved shapes
according to the target shape parameters. A small radius of curvature (10 mm) and a large inclination
angle (64◦) were achieved in sample A. It is difficult for the spinning machine reported in [3–5] to
form such a shape because of the mechanical interference between the rollers and the workpiece.
Reference [20] showed peeling off of the workpiece surface owing to the side slip of the roller in the
normal direction. In contrast, the motion of the roller relative to the workpiece in the proposed method
is in the rolling direction of the roller and does not have the side slip. The proposed method prevents
the peeling off and hence allows a large inclination angle. Comparison of these two methods can be
seen in Videos S2 and S3 of the supplementary files.

Reference [21] suggests that the asymmetry of the radial roller feed resulted in the partial
elongation of the workpiece in the axial direction and bending of the workpiece. The improvement
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of the normalized tool paths as shown in Figure 6 gave the tip side of the intermediate workpiece a
larger margin with respect to the target shape. Even when the workpiece is bent, its surface does not
go beyond the target profile. The experimental results presented in Figure 14 show the suppression of
the dimensional error in the proposed method compared with the previous method. Nevertheless,
the error near the tip end is still observed for the new normalized paths of sample B. The deviation
from the target profile is also found in samples C and D in Figure 8b. The deviation of the inner curve
is larger than that of the outer curve in Figure 9. These dimensional errors may also be attributed to
the bending due to the asymmetric radial feed. Further investigation on methods to deal with this
problem more generally would be necessary in future work.

Supplementary Materials: The following are available online at http://www.mdpi.com/2075-4701/10/6/733/s1,
Video S1: forming process of sample type B by the proposed method. Video S2: peeling off of workpiece surface by
the method of Reference [20]. Video S3: spinning of the same shape without peeling off by the proposed method.
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Abstract: A novel semi-dieless bellows forming process with a local heating technique and axial
compression has been initiated for the past years. However, this technique requires a high difficulty in
maintaining the output quality due to its sensitivity to the processing conditions. The product quality
mainly depends on not only the temperature distribution in the radial and axial direction but also the
compression ratio during the semi-dieless bellows process. A finite element model has clarified that a
variety of temperature produced by unstable heating or cooling will promote an unstable bellows
formation. An adjustment to the compression speed is adequate to compensate for the effect of the
variety of temperatures in the bellows formation. Therefore, it is necessary to apply a real-time process
for this process to obtain accurate and precise bellows. In this paper, we are proposing a vision-based
fuzzy control to control bellows formation. Since semi-dieless bellows forming is an unsteady and
complex deformation process, the application of image processing technology is suitable for sensing
the process because of the possible wide analysis area afforded by applying the multi-sectional
measuring. A vision sensing algorithm is developed to monitor the bellows height from the captured
images. An adaptive fuzzy has been verified to control bellows formation from 5 mm stainless steel
tube in to bellows profile up to 7 mm bellows height, processing speed up to 0.66 mm/s. The adaptive
fuzzy control system is capable of appropriately adjusting the compression speed by evaluating
the bellows formation progress. Appropriate compression speed paths guide bellows formation
following deformation references. The results show that the bellows shape accuracy between target
and experiment increase become 99.5% under given processing ranges.

Keywords: bellows forming; vision-based sensor; fuzzy control; semi-dieless forming; local heating

1. Introduction

Metal bellows are convoluted metal tube that provide high flexibility on various direction. It is
widely applied in the flexible joining of piping systems for water, oil and gas provisions. Metal bellows
are usually produced through a hydroforming or a gas-forming process. When we increase the internal
pressure of the tube, the bellows shape will be formed following the die shape. A new process of
manufacturing expansion joint bellows from Ti-6Al-4V alloys using a gas pressure [1]. A fluid pressure
instead of a gas pressure in the metal semi-dieless bellows forming process [2]. A single-step tube
hydroforming process for producing metal bellows has been conducted with specific dies to fabricate a
rectangular, circular, and triangular bellows profile [3]. However, not only do those methods require
expensive dies and a complex machine but they also are inefficient in manufacturing a small quantity
or various sizes of bellows. I the previous work, a novel technique had been proposed to fabricate
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metal bellows without employing internal fluid pressure or dies. The new technique only employed a
compression-assisted local heating using a high-frequency induction heating source [4]. An observation
on deformation mechanism of semi-dieless bellows forming using finite element analysis has been
verified that bellows formation was caused by localized heating on top of the convolution due to the
effect of various heating techniques that could be employed using induction heating [5,6]. Since the
deformation is not guided using dies, the forming phenomena is very vulnerable to the processing
conditions such as temperature, compression ratio, and cooling process. As a result, the produced
bellows have low dimensional/shape accuracies of convolutions. Low efficiency is one of the technical
issues in this process. Therefore, in this study, a vision-based fuzzy control system for semi-dieless
bellows forming was developed to improve bellows accuracy and repeatability. Finite element analysis
was also observed to establish appropriate control for this process.

2. The Principle of Semi-Dieless Bellows Forming through Local Heating

Semi-dieless bellows forming with a local heating technique is a novel process of producing a
bellows shape without the uses of internal pressure and dies. This process is borrowed from previous
technology of dieless drawing process where using force and localized heat to produce incrementally
metal deformation such as stainless steel, magnesium and ceramic [7–12]. However, the forming
principle of semi-dieless belows forming is entirely different from all other applied loading and
deformation phenomena. Figure 1 shows the schematic of semi-dieless bellows forming with a local
heating technique [5]. A combination of local heating and compression moving promotes continuous
local bucking deformation of a tubular workpiece with a mandrel inner tube. We start the process of
the semi-dieless bellows forming by thickening the tube under a heating coil. Afterwards, the local
buckling is induced and moved to the cooling region as the first convolution. Simultaneously, a new
local buckling occurs behind the first convolution leading to the second convolution. This process is
repeated until a series of convolutions produces bellows. The local buckling results from the low flow
stress of the material at an elevated temperature. We obtain the compressive load by applying the
compression speed v1 faster than the feeding speed v2 (v1 > v2). To measure the convolution formation
progress, the compression ratio (C) is used, as in C = v1/v2. After the first convolution formed by
the buckling passes through the cooling area, the next convolution will be initiated behind the first
convolution located inside the heating coil. When the convolutions are continuously produced in the
tube, bellows are produced. We can control the bellows height by selecting the compression ratio [4,5].
The increasing compression ratio increases the bellows height to a specific value, while the bellows
pitch remains constant. The mechanism has been applied for non-ferrous material such aluminum
with similar behavior [13]. Effect when using bigger tube size has been verified that able to produce
bellows using semi dieless bellows forming with similar characteristic [14].



Figure 1. Schematic of the semi-dieless bellows forming with a local heating technique.
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Deformation mechanism of the semi-dieless forming process is under a free deformation. Therefore,
this technique is very sensitive to the forming conditions and disturbances. As a result, the bellows
height and pitch are not constant and do not vary as shown in Figure 2a,b. Another problem that
occurs is asymmetric bellows as shown in Figure 2c. These phenomena also happened in aluminum
tube [13].

]. 

 



Figure 2. The problem of semi-dieless bellows forming on SUS 304 (a) Variety of bellows height,
(b) Variety of bellows pitch, and (c) Asymmetric bellows shape.

3. Finite Element Analysis (FEA)

To evaluate the dieless bellows forming process and to verify problems in the dieless bellows
forming process, we have developed the finite element model to simulate the dieless bellows forming
process by using a finite element method. Figure 3 shows the schematic of an axisymmetric bellows
forming model on the FEM carried out on an MSC Marc Mentat version 2005 commercial software from
MSC Software USA. A deformable tube and a rigid mandrel are comprised of 5-node, asymmetrically
quadrilateral shell elements. We simulate local heating by applying heat flux on the tube surface.
The magnitude of heat flux in the induction heating is inversely proportional to the distance from the
coil to the workpiece surface. Therefore, Equation (1) is utilized to model various heating when taking
into consideration the bellows formation progress already verified in our previous work [5], where q

is heating quantity, a is a constant, and y is the position of a node in the y-axis in a global position.
qs and a are set to achieve the processing temperature up to 1200 ◦C. Just before the convolution occurs,
the heating quantity is qs; after convolution is formed, the heat flux quantity increases. We model a
double cooling system by using film subroutines to reduce the temperature by increasing the heat
transfer capacity. Figure 3 shows the geometry of heating and cooling system model referring to the
experimental conditions with a 3.5-mm cooling distance (Cd), a 5-mm cooling length (Cl), and a 4-mm
heating length (Hl).

 

–  
̇

   

    𝐾(𝑇) = (7. 10−4 ∙ 𝑇2) − (2.14 ∙ 𝑇) + 1788.3𝑛(𝑇) = (−2.472 ∙ 1010 ∙ 𝑇3) + (4.645 ∙ 102 ∙ 𝑇2) + 0.4367𝑚(𝑇) = (4.374 ∙ 𝑇) + 1.449 ∙ 10−3
−  



− −

− −

 − −

− −

 −

Figure 3. Schematic of the finite element model for the asymmetrical semi-dieless bellows
forming process.

Taking into consideration strain hardening (n), strain rate sensitivity (m), and strength coefficient
(K), we utilize a tube material made of SUS 304 Stainless steel. It was clarified that n, m, and K (Mpa)
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are function constants of temperature as shown in Equations (2)–(5), where, σ is flow stress (Mpa), ε is
strain, and

.
ε is strain rate [15]. We assume that the material is isotropic in mechanical and thermal

properties. v1 (t) is set at 0.6 mm/s, while v2 (t) is set constantly at 0.3 mm/s. While boundary condition
for the FEA is shown in Table 1.

q = q0 + (a · (4− y)2) (1)

σ = K · εn ·
.
ε

m (2)

K(T) =
(

7.10−4·T2
)

− (2.14·T) + 1788.3 (3)

n(T) =
(

−2.472·1010·T3
)

+
(

4.645·102·T2
)

+ 0.4367 (4)

m(T) = (4.374·T) + 1.449·10−3 (5)

Table 1. Material model and Boundary conditions of SUS 304 used in Finite Element Model (FEM).

Boundary Conditions

Heating quantity, q (W·mm−2) Equation (1)
Heating temperature (◦C) 1100
Heating length, Hl (mm) 5
Cooling Length, Cl (mm) 5

Heat transfer coefficient of cooling, hc (W·mm−2·K−1) 1000
Heat transfer coefficient of radiation to air, ha (W·mm−2·K−1) 30

Thermal conductivity, λ (W·mm−1·K−1) 0.0163
Specific heat (J·g−1·K−1) 0.502
Mass density,ρ (g·mm−3) 0.008

We promote deformation in the semi-dieless bellows forming by adding the compression speed
and localized elevated temperature. By assuming that the compression speed driven by the servo
motor is stable, we suspect that the cause of deformation instability is variations in the processing
temperature. In the real semi-dieless bellows forming process, heating system and cooling system
effect to temperature stability. The unstable heating system results from a variety of distances between
the heating coil and the workpiece. On the other hand, the unstable cooling is produced by the unstable
water cooling. To verify these effects on the semi-dieless forming process, we model a variety of
temperatures by varying the quantity of heat flux (qsv (W/mm2)) and heat transfer in the cooling area
(hcv (W·mm−2·K−1)) as shown in Equations (6) and (7) respectively. Figure 4 shows the schematic of
variety of heating and cooling in time series.

∙ − ∙ −

 
(a) (b) 

∙

∙

Figure 4. (a) Schematic of a variety of heating (qs) and (b) a variety of cooling system (hc).

qsv = 250 + (100·sin t) (6)
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hcv = 20 + (20·sin t) (7)

Various heating and cooling are modeled using a sinusoidal function as shown in Equations (6)
and (7), while the visualization of the heating and cooling models in time series is shown in Figure 5.

∙ − ∙ −

(a) (b)

∙

∙

 

Figure 5. Various models of heating and cooling in time series.

The results of the simulation using the variation of heating and cooling condition produce different
bellows profile as shown in Figure 6. Changes in temperature distributions promoted by a variety of
heating and cooling affect the bellows profile stability of the bellows pitch and height. We obtain the
bellows height by measuring the outer diameter of the bellows profiles. Compared to the constant
heating and cooling, various heating and cooling produce various bellows heights and pitches. When
a temperature difference occurs in the radial direction, an asymmetric bellows shape is created.

 

Figure 6. Bellows profiles under different conditions.
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4. Selecting the Compensation Method for the Unstable Deformation Promoted by a Variety
of Temperatures

We have clarified the unstable deformation resulting from a variety of temperatures by using a
Finite element model (FEM). We have also conducted a FEM to find appropriate compensations for
the unstable deformation. We model this unstable deformation by varying the temperatures obtained
from various heat transfers. We propose two compensation methods of adjusting the heating flux and
adjusting the compression ratio to compensate for those various temperatures. Since the feeding speed
(v2) affects the processing speed and stability, v2 is kept constant. Therefore, we adjust the compression
ratio by adjusting the compression speed (v1).

The results of the two-compensation methods using the heating power and compression speed
are shown in Figure 7. The results indicate that adjustment to the heating power cannot achieve
the desired effect, as shown in Figure 8 since not only does the bellows temperature depend on
the heating and heating condition, but it also depends on the bellows height. We promote the
deformation of the semi-dieless bellows forming by localizing the heating on top of the convolution
while applying a compression stroke. Therefore, when compensating the temperatures compensated
from the adjustment to the heat flux, we have difficulties in adjusting to the bellows height due to the
fact that the temperature during the process also performs a non-linear delay. Therefore, it is difficult
to implement and regulate the temperature; it will require further studies on temperature behaviors.

 

Figure 7. Compensations under various, different temperatures through applying changes in the heat
flux and the compression speed.
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Figure 8. Results of the heating and the compensation of the compression speed to various cooling.

On the other hand, adjustment to the compression speed can effectively and efficiently modify
the bellows height. When we use the compression speed to adjust the bellows height, we can
obtain a homogeneous bellows height. Figure 9 shows the effects of the compression stroke (since
the compression speed is higher than the feeding speed, it significantly affects the bellows height).
Therefore, we should adjust the bellows height by adjusting compression stroke (v1 or v2).

 

Figure 9. Effects of the compression stroke on the bellows heights.

5. Improving the Dieless Bellows Forming Process with the Application of a Feedback
Control System

Since the deformation of semi-dieless bellows forming is a free and complex deformation,
a feedback control system is a reasonable choice to improve the process and eliminate problems
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during the process. We have to establish components for the feedback control system such as the
deformation reference, the sensing system, and the controller as shown in Figure 11. In the previous
work, we had developed a feedback control system for a dieless drawing process by using an adaptive
fuzzy logic control [16]. However, in this work, the difference lies in deciding on the deformation
target of the bellows profile and selecting the fuzzy control parameters to obtain the best results. Since
the deformation characteristic of semi-dieless bellows forming is different from that of the previous
work, we have to decide on another control strategy.

5.1. Deformation Reference

In the real bellows geometry, the outer diameter of the bellows target shape is a function of the x

domain (D (x)). In the real-time monitoring, the control program is run under a time series. Therefore,
it is necessary to construct a diameter reference in the time domain. According to the sequence
of bellows formation that we had obtained by employing a FEM from our previous work, bellows
formation is a cyclic process. A series of bellows height has a specific period as shown in Figure 10.

 

 

 − 



Figure 10. FEM results showing bellows formation history.

In this paper, the reference of bellows height progress uses a sinusoidal function. The bellows
height reference in a time series is expressed in Equation (8), where D is the bellows height, Amp is the
amplitude of bellows, ω is the frequency of bellows, φ is the phase shift, D0 is the initial diameter, and
t is time (s).

D (t) = Amp sin (ωt − φ) + D0 (8)

5.2. A Vision-Based Feedback Control

A Continuous Semi-dieless bellows forming has complex mechanism. Therefore, deformation
is free deformation due to elevated temperature and compression force. The deformation area of
Continuous semi dieless bellows forming is wide and move. Therefore, it requires a contactless
measurement technique to monitor deformation progress in continuous semi-dieless bellow forming.
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An imaging-based sensing system appropriate sensing technique that compromise measuring condition
in continuous semi-dieless bellows forming [17]. An image is captured with an infrared filter to improve
focused on the object at elevated temperature [18,19]. An infrared-pass filter removes visible light
passing through the image sensor that improves detection on the edge of bellows. An Algorithm has
been adopted from dieless drawing process. Therefore, semi dieless bellows forming need additional
rule to measure dynamic bellows height formation [20].

The components in the vision-based feedback control are bellows image capturing, image and
data processing, calibration of the machine vision. Since difficulties in capturing deformation zone
inside heating coil, the camera is tilted 10◦ from the perpendicular direction. In this study, the picture
is captured using an infrared-pass filter. Therefore, a high contrast image of the workpiece by can be
obtained for image and data processing.

5.3. Establishing a Control System

Fuzzy inference is an artificial intelligent computation method in which linguistic calculation is
converted into a mathematical calculation. Fuzzy sets improve the handling of uncertainty by reducing
it and developing a correct conclusion although the real world is not precise or specific. The fuzzy
inference is selected since this method is suitable for controlling a non-linear system with limited
knowledge of the system. The fuzzy control system provides transparency, and the intuitive nature
of the rule base and input variables adopted to make it relatively easy to be developed, tested and
modified [21]. To establish the appropriate fuzzy control system of the semi-dieless bellows forming,
a conventional fuzzy and adaptive fuzzy logic control is prepared. The conventional fuzzy has fixed
parameters during the control process such as membership function and fuzzy rules while the adaptive
fuzzy logic control has adjustable parameters such as membership function and fuzzy rules according
to the deformation characteristics (bellows progress, error and changing error).

Figure 11 shows the control flowchart of two fuzzy control strategies for semi-dieless bellows
forming. The fuzzy input is the diameter error (e), changing rate of error (∆ė), and bellows formation
progress in percent (h) only for adaptive fuzzy control. The outputs of fuzzy control are the compression
speed. The adaptive fuzzy logic control has a supervisory system to adjust the membership span
of main fuzzy control by using gain value. The gain is used to modify the membership span of
compression speed. The membership functions for error, changing rate of error, ∆v1, and gain are
shown in Figure 12. Membership of each category has specific name that used for making fuzzy
rule in the controller. Each member ship consist of range of parameter (x axis) relative to level of
membership value (from 0 to 1). The membership value 0 means the parameter is not affect to fuzzy
inference calculation. The membership value depends on parameter (x axis) of membership function.
The rule logic represents an expert of dieless bellows forming. The Fuzzy rule is construct based on
previous works and FEA. There are two fuzzy controller that applied in this paper, a conventional
fuzzy controller, and an adaptive fuzzy controller.

) incremental compression speed (∆
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Figure 11. Flowchart of the semi-dieless bellows forming with a vision-based fuzzy control.
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Figure 12. Membership functions of conventional fuzzy controller: (a) bellows formation progress
consist of two membership function L (Low), H (High), (b) bellows height error and changing rate of
the error has similar membership function VN (Very Negative), N ( Negative), Z (Zero), P (Positive),
VP (Very Positive), (c) incremental compression speed (∆v1) consist of membership function RR (Rapid
Reduce ), R (Reduce), C (constant), I (Increase), RI (Rapid Increase), and (d) gain consist of membership
function D (Decrease), M (Medium), H (High), VH (Very High), and VVH (Very Very High).

The conventional fuzzy rule is used to adjust compression speed according to the error and
changing error value as shown in Table 2. When machine vision measure the belows height, then
compare with target profile resulting error (eh) and changing error (∆eh). As the input, value of eh and
∆eh will determine membership function in Figure 12b. According to fuzzy rule in Table 2, membership
function of eh and ∆eh determines membership function of output on incremental compression speed
(∆v1). The fuzzy inference calculates ∆v1 to adjust compression speed (v1). Therefore compression
speed will be adjust according to error and changing error of bellows simuntanously until bellows
formation finish. Membership function on the adaptive fuzzy rules are divided into two different
parts, below and over 50% of the bellows height. This strategy is adopted because, in the early stage
of bellows formation, the error tends to be positive owing to the process characteristic in bellows
formation. Thus, the fuzzy rules are not appropriate when the positive error of v, is reduced which
makes the convolution height low since the deformation area moves. In the case of the control action
command for below 50% of the convolution progress, the compression speed, v1, is set as a slow
response to the error. If convolution progress is over 50%, the fuzzy rules will be configured as a fast
response to the error.

232



Metals 2020, 10, 720

Table 2. Conventional fuzzy rules to determine the compression speed adjustment ∆v1. (*Refer to
Figure 12).

Input Output
Input 2: Changing Error (∆eh)

VN* N* Z* P* VP*

Input 1:
Bellows

height error
(eh)

VP* ∆v1 I I R R RR
P* ∆v1 I C C R R
Z* ∆v1 I C C R R
N* ∆v1 I C C C I

VN* ∆v1 RI I R I I

Tables 3 and 4 show the details of adaptive fuzzy rules to adjust the v1 and gain in accordance
with the fuzzy input of the convolution progress, the diameter error, and the changing rate error. v2 is
kept constant since it affects the reference target. The fuzzy rule is divided into two conditions: below
and above 50% of the reduction progress. Fuzzy rules for below 50% are set as the slow response
because, in this step, the error is always positive. Therefore, if the fuzzy response is high, v1 will
decrease. Consequently, it is difficult to achieve a maximum bellows height.

Table 3. Adaptive fuzzy rules under 50% of the bellows progress to determine the compression speed
adjustment ∆v1 and gain. (*Refer to Figure 12).

Input Output
Input 2: Changing Error (∆eh)

VN* N* Z* P* VP*

Input 1:
Bellows

height error
(eh)

VP* ∆v1/gain RI /H I /M I /M C /M R /H
P* ∆v1/gain RI /M C /M C /M C /M C /M
Z* ∆v1/gain C /M C /M C /M C /M R /M
N* ∆v1/gain C /M C /M C /M I /M RI /H

VN* ∆v1/gain R /H C /M I /M I /M RI /VH

Table 4. Adaptive fuzzy rules over 50% of the bellows progress to determine the compression speed
adjustment ∆v1 and gain. (*Refer to Figure 12).

Input Output
Input 2:Changing Error (∆eh)

VN* N* Z* P* VP*

Input 1:
Bellows

height error
(eh)

VP* ∆v1/gain I /H I /M R /M R /H RR /H
P* ∆v1/gain I /H C /M C /M R /M R /H
Z* ∆v1/gain I /M C /M C /M R /M R /H
N* ∆v1/gain I /M C /M C /M C /M I /M

VN* ∆v1/gain RI /H I /M R /M I /M I /H

6. Experimental Method

6.1. Experimental Equipment

The Vision based fuzzy controller is implemented in the horizontal semi-dieless compression
machine, a computer for implementing the fuzzy rule, control speed of two servo motors. The machine
is equipped with an induction heating source, as shown in Figure 13. The compression speed v1 and
feeding speed v2 of the specimen is controlled by rotation of ball screw from servo motor. A narrow
heating area is achieved with a high-frequency induction heating apparatus using a 4-mm induction
coil width (Hl). A water-cooling system is applied to maintain a constant temperature distribution
with a 7.5-mm cooling distance (Cd). The image acquisition system using a commercial CCD camera to
grab the image up to 30 fps. The image of bellows progress is transferred to image processing unit.
The fuzzy algorithm is designed to adapt with bellows formation progress. Image processing unit and
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fuzzy logic controller is construct under platform of LabVIEW software. The output obtained by the
fuzzy inference is an input to the servo motors to adjust the compression speed of v2.

 



 

Figure 13. Experimental apparatus for the fuzzy control using a machine vision system.

6.2. Materials and Experimental Conditions

A stainless-steel, SUS304 tube with a 5-mm outer diameter of and a 0.5-mm-thick wall is used in
this experiment. The maximum processing temperature is 1100 ◦C. We use a mandrel with a 3.9-mm
outer diameter to ensure a stable axisymmetric deformation of the convolutions by inserting it into the
workpiece. The feeding speed is kept constant at 0.3 mm/s.

In the case of the bellows target shape shown in Figure 14, the bellows shape parameters in the x
domain must be converted to that of the time domain where the original diameter, D0 is 5 mm and
the maximum bellows diameter is 7 mm. After transformed into Equation (8), the amplitude, A, will
amount to 1 mm. Pursuant to a previous study, the pitch distance between the convolutions on these
processing conditions are fixed at 2.7 mm [4,5].



 

Figure 14. Geometry and dimensions of the metal bellows target with the example of h = 7.0 mm.

tpitch = p/v2 (9)
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ω = 2π/tpitch (10)

With the 0.3-mm/s feeding speed (v2), the time required to make one convolution is 9.0 s (tpitch).
However, for the target reference, only half of the sinusoidal function (the positive slope) is used;
it means that a half reference equals one convolution. Therefore, the period of one unit wave is twice
as long as the time required to make one convolution. The period of the target reference in the time
domain is 18.0 s. Therefore, the reference frequency is 0.348 obtained from Equations (9) and (10).
Since the function is sinusoidal and the convolution starts from the lowest value, the function should
be shifted 90◦ to the right (φ = 1.57 rad). The diameter reference converted to the time domain for the
given bellows geometry is shown as Equation (11):

D (t) = sin (0.348t − φ) + 5. (11)

The reference value is set, where the convolution starts from the outer diameter of the tube
and evolves with the increasing axial compression. After the diameter reaches the maximum value,
the convolution is held owing to the moving heating zone, a new convolution is initiated, and the
phenomenon is repeated. When the derivative of the diameter reference is negative (dD/dt < 0),
the function will be reset. Figure 15 shows the graph of diameter reference converted to the time
domain for the profile target in Figure 9. As a result, the metal bellows are measured using a KEYENCE
900 optical microscope to obtain a bellows profile dimension.

 

− 

 



Figure 15. Diameter reference used in the semi-dieless bellows forming with vision-based fuzzy control.

7. Results and Discussion

Figures 16 and 17 show history of the compression speed paths, the bellows error, the adjustment
compression speed (∆v1) and the bellows height obtained from the conventional fuzzy and the adaptive
fuzzy control respectively. The speed path using a conventional fuzzy is obtained from the adjustment
of the initial compression speed according to the error and the changing error condition following
the fuzzy rules. This adjustment does not take into considerations the bellows formation progress.
The fuzzy control adjusts the compression speed by only taking into considerations the bellows height
error from the reference and the actual bellows height. Adjustment of the compression speed follows
the fuzzy rules as shown in Table 1. The history of the bellows height produced by using a conventional
fuzzy control shows little agreement with the deformation reference and little agreement with the
bellows height. It results from the deformation delay in the semi-dieless bellows forming process.
The adjustment results of the compression speed in the beginning of the bellows formation will affect
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the middle-end bellows formation. In the beginning of the bellows formation, the error is always
positive. Therefore, the fuzzy reduces the compression speed. The decreased compression speed
reduces the compression stroke that decreases the bellows growth and that approaches the deformation
reference. When the history of the bellows height is lower than that in the deformation reference,
the fuzzy increases the compression speed. However, due to the delay process and the limited bellows
formation timing (10 s), the increased compression speed is not capable of achieving the desired
bellows height target before it moves to the cooling zone.

 

Figure 16. Bellows profile produced using a conventional fuzzy control.

 

Figure 17. Bellows profile produced using an adaptive fuzzy control.
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The speed path from the adaptive fuzzy control adjustment fluctuates according to the error and
changing error during the semi-dieless bellows forming process. For every convolution formation,
however, the compression speed is slightly adjusted when the bellows progress is over 50%, and the
compression speed is significantly changed. We apply this strategy to cope with the deformation
delay and the positive error in the beginning of each bellows formation. History of the bellows
height shows that homogeny and accuracy of the bellows height produced by the semi-dieless bellows
forming increases if we apply an adaptive fuzzy control. It shows that from evaluating the bellows
progress, applying appropriate adjustment using an adaptive fuzzy control is adequate to control the
deformation of the semi dieless bellows forming process.

The vision-based with adaptive fuzzy control performs good agreement with the bellows height
target with low variations as shown in Figure 18. It is shows that the compensation based on progress
of bellows formation is effective on adjusting bellows progress with low standard deviation. According
to FE analysis, bellows height formation can be adjusted effectively after bellows initiation is produce.
Adjustment of the compression speed is effective when it is applied to over half of the bellows progress
as it has been proven in the FEA. To verify the reliability of the vision-based adaptive fuzzy control
system, several experiments have been conducted with different processing conditions such as various
feeding speeds, various bellows height targets, and various initial compression ratios.

 

Figure 18. Comparison between the bellows height accuracy and its variation under different
control strategies.

7.1. Verification of the Proposed Control System for the Semi-Dieless Bellows Forming under Various
Feeding Speeds

An increased feeding speed reduces the convolution cycle time since the bellows speed formation
increases when the feeding speed increases. One cycle of the bellows formation at the feeding speeds
of 0.2, 0.3, and 0.5 mm/s are 12.5, 10, and 5 s respectively. Therefore, the time required to produce
bellows becomes shorter. The conventional approach produces a lower bellows height, while the
adaptive fuzzy controls can adapt to a decreased bellows formation time. Under a given range of the
feeding speeds, the proposed control system can maintain the accuracy and homogeny in accordance
with the deformation references. The real bellows geometry is analyzed using an optical microscope
as shown in Figure 19. The results show that an accurate bellows profile is produced under various
feeding speeds at the given range. It indicates that reproducibility of the proposed control system has
been verified under different feeding speeds if we perform a similar bellows height and pitch.
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Figure 19. Bellows profile at various feeding speeds.

Performance of vision-based adaptive fuzzy control under different initial feeding speed can
be seen in Figure 20. All conditions correspond to the target of bellows height. For low speeds,
the bellows height tends to be slightly lower than the target height. For high initial compression speeds,
the bellows tend to be more elevated than the target even if we apply the adaptive fuzzy to adjust
delta v1 in accordance with the error and changing error. Since the adaptive fuzzy is only adjusted for
each bellows formation, when one bellows formation is finished, it will be back to the initial feeding
speed. Therefore, the initial compression speed is essential and can be changed using a fuzzy. If the
bellows height is below the target, the fuzzy will increase the initial feeding speed and the other way
around. Figure 21 shows the evaluation of bellows pitch at different initial compression speeds. Even
though it produces low accuracy, the proposed control system delivers lower variations compared to
that of the conventional approach due to the fact that each bellows formation is a guide that makes
every bellows formation more homogeneous.

 

Figure 20. Evaluation of the bellows height under different initial compression speeds.
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Figure 21. Evaluation of the bellows pitches under different initial compression speeds.

7.2. Verification of the Proposed Control System for the Semi-Dieless Bellows Forming under Various
Bellows Targets

Three different bellows targets have been prepared to verify the performance of the proposed
control system. The objectives are indicated with the maximum bellows height (h) of the 6.0, 6.5,
and 7-mm references. Figure 22 shows that the bellows height data of different targets well correspond
to the target. It indicates that the adaptive fuzzy controller with a machine vision sensor has a good
performance to enhance the accuracy of the semi-dieless bellows forming. At lower bellows heights,
the target shows low accuracy in the beginning of the bellows formation. When we verify this condition
with the real bellows profile by using the optical microscope, the bellows show low accuracy in the
minimum bellows height and pitch. This behavior results from a thickening process occurring at a low
compression ratio as verified in the previous findings. These results indicate that the bellows pitch is
not constant [4].

 

Figure 22. Bellows profile at various targets.
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Figure 23 shows the comparison between the proposed control system and the conventional
approach to control the bellows height. The proposed control system shows an excellent performance
to produce a desired bellows height, while, under a similar condition, the conventional approach
using a given chart delivers low accuracy and a higher bellows variation. It indicates that the vision
based fuzzy control is sufficient to control the bellows height in accordance with the target. However,
the proposed control system has a poor performance to achieve the accurate bellows pitch as indicated
in Figure 24. Figure 24 shows that the bellows pitch is not constant at various bellows heights as
assumed in the previous work.

 

Figure 23. Evaluation of the bellows height under different bellows targets.

Figure 24. Evaluation of the bellows pitches under different bellows targets.

7.3. Verification of the Proposed Control System for the Semi-Dieless Bellows Forming under Various Initial
Compression Speeds

The proposed control system adjusts the compression speed based on the initial value of the
compression speed. Therefore, it is necessary to verify the implementation of the proposed control
system when we apply it for different initial set ups of the compression speed or the compression ratio.
At lower speeds, the initial compression speed tends to be lower than the bellows height; conversely,
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it tends to be higher at a higher initial compression speed. We have verified these findings using an
optical microscope to observe the real bellows profile as shown in Figure 25. Not only does a higher
initial compression speed perform a higher bellows height but it also performs a shorter bellows pitch.
This condition indicates that the fuzzy supervisor should consider an initial compression speed to
obtain the appropriate compensation value.

 

Figure 25. Bellows profile at different initial compression ratios.

Making the evaluation on the larger area, we find out that the accuracy of the bellows height will
slightly decrease when the processing speed increases as shown in Figure 26 probably since the time to
produce one convolution (5 s) is short, so it makes the effectiveness of the vision-based fuzzy control
decrease. We can enhance the effectiveness of the adaptive fuzzy by considering the processing speed
to adjust the fuzzy parameters such as modifying a membership function span and the adaptive fuzzy
to rule at a higher processing speed. Figure 27 shows the evaluation of the bellows pitch that shows
different accuracies. However, for a variety of the bellows pitch, the utilization of the proposed control
system has produced a lower variation that increases reproducibility.
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Figure 26. Evaluation of the bellows height under different feeding speeds.

 

Figure 27. Evaluation of the bellows pitch under different feeding speeds.

8. Conclusions

We have conducted an investigation to low accuracy of the bellows produced by the semi-dieless
bellows forming process by using a finite element method. The results show that low accuracy and
low reproducibility of the bellows results from temperature disturbances from an unstable heating or
cooling system. Adjusting the compression speed is effective and efficient to compensate for a variety
of the bellows during the process created by those temperature disturbances. To implement a real-time
adjustment, it is necessary to establish a feedback control system. A vision-based fuzzy control for the
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semi-dieless bellows forming has been developed. It is already confirmed that a machine vision is
appropriate for the real-time monitoring of the bellows height and pitch. The camera of the machine
vision can flexibly be placed and monitor the bellows formation process inside the heating coil to
provide deformation data although other measurement devices cannot be applied. The validity of
the machine vision has been verified with an optical microscope. The reference target shape for this
bellows forming can be used as a sinusoidal function similar to that of the bellows height formation.
The adaptive fuzzy controller shows an excellent performance to guide the deformation and to produce
accurate bellows. The performance of the proposed feedback control system using vision sensing and
an adaptive fuzzy control to provide accurate bellows have been verified under various processing
conditions and bellows targets. A remaining problem that still occurs is low accuracy in the bellows
pitch due to an incorrect assumption. Further research might be attended to develop a fuzzy supervisor
that will consider the initial set up of the dieless bellows forming process.
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Nomenclature

A0 : Initial cross section area of tube, mm2

Amp : Amplitude, mm
a : Constanta for increasing heat quantity, W·mm−2

Cd : Cooling distance, mm
Cl : Cooling zone, mm
c : Heat capacity, J·Kg−1·K−1

D : Diameter, mm
D0 : Initial diameter, mm
eh : Bellows height error, mm
∆eh : Increment of bellows height error, mm
eh : Average bellows height error, mm
G : Gain
h : Bellows height
ha : Heat transfer coefficient of radiation to air, W.mm−2·K−1

hc : Heat transfer coefficient of cooling, W·mm−2·K−1

Hl : Heating length, mm
K : Strength coefficient, MPa
n : Strain hardening index
m : Strain rate sensitivity
hRev : Reference bellows height, mm
hProg : Progress of bellows height, %
q : Heat flux quantity, W·mm−2

q0 : Initial heat flux quantity, W·mm−2

p : Pitch, mm
t : Time, s
X : Elongation, mm
tpitch : Time to produce one bellows, s
v1 : Compression speed, mm.s−1

v2 : Feeding speed, mm·s−1
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y : Position of node in y axis in global position, mm
σ : Flow stress, MPa
ε : Strain
.
ε : Strain rate, s−1

ω : Frequency, Hz
φ : Phase, rad
λ : Thermal conductivity, W·mm−1·K−1

σe : Standard deviation of error, mm
∆v1 : Changing of compression speed, mm·s−1

∆v2 : Changing of feeding speed, mm·s−1

∆x : Compression stroke
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Abstract: In this study, the influence of internal pressure and axial compressive displacement on the
formability of small-diameter ZM21 magnesium alloy tubes in warm tube hydroforming (THF) was
examined experimentally and numerically. The deformation behavior of ZM21 tubes, with a 2.0 mm
outer diameter and 0.2 mm wall thickness, was evaluated in taper-cavity and cylinder-cavity dies.
The simulation code used was the dynamic explicit finite element (FE) method (FEM) code, LS-DYNA
3D. The experiments were conducted at 250 ◦C. This paper elucidated the deformation characteristics,
forming defects and forming limit of ZM21 tubes. Their deformation behavior in the taper-cavity
die was affected by the axial compressive direction. Additionally, the occurrence of tube buckling
could be inferred by changes of the axial compression force, which were measured by the load cell
during the processing. In addition, grain with twin boundaries and refined grain were observed at
the bended areas of tapered tubes. The hydroformed samples could have a high strength. Moreover,
wrinkles, which are caused under a lower internal pressure condition, were employed to avoid tube
fractures during the axial feeding. The tube with wrinkles was expanded by a straightening process
after the axial feed. It was found that the process of warm THF of the tubes in the cylinder-cavity die
was successful.

Keywords: tube hydroforming; small-diameter tube; magnesium alloy; warm working;
deformation characteristics; forming defects; forming limit

1. Introduction

In recent years, magnesium and its alloys have been widely applied in the automotive, aircraft and
telecommunication industries. The reason for the employment of magnesium alloys is their excellent
characteristics, such as light weight and high strength. In addition, magnesium alloy has been expected
to be employed as a material in medical devices, owing to its outstanding biocompatibility [1,2].
Some recent researches on bio-absorbable implants, including magnesium alloys, have focused on
the technical utilization of magnesium alloys as biomaterials [3,4]. On the other hand, it has become
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necessary to miniaturize medical devices, and there is a demand for the establishment of deformation
methods of small-diameter tubular products to apply them in miniaturized devices [5]. To respond
to this demand, tube hydroforming (THF) emerged as a method to manufacture the small-diameter
tubular parts [6]. THF is one of the plastic working methods. It deforms tubular parts by loaded
internal hydro pressure and compressive force along the axial direction of the tube. Additionally, THF
can deform tube products with a complex cross-section shape integrally. This characteristic leads to a
weight reduction and high strength of the products. Therefore, it has become a research direction to use
THF in the manufacture of small-diameter magnesium alloy tubes for medical devices. However, using
THF with magnesium alloy tubes at room temperature (RT) is difficult, because the material has a low
formability. This problem is caused by the high critically resolved shear stress of the slip planes, except
for the {0001} plane of the hexagonal close-packed structure, in magnesium alloy at RT. Warm working
has generally been employed to improve formability. So far, the following investigations have been
carried out using warm THF on magnesium alloy tubes.

Chan [7] carried out experiments and a FE analysis using THF at elevated temperatures (220 ◦C,
250 ◦C and 280 ◦C) to deform an AZ31 magnesium alloy tube with a 22 mm outer diameter and 1.5 mm
wall thickness. The tube, with an expansion ratio of 1.4 times compared with the initial outer diameter,
was hydroformed successfully. Additionally, failure during the process was predicted. Manabe et al. [8]
conducted a study on the T-shape forming of an AZ31 tube with an outer diameter of 42.7 mm and a
wall thickness of 1.0 mm at 250 ◦C. The deformation characteristics were evaluated experimentally and
numerically. In addition, it was suggested that the temperature distribution created in the die would
lead to a more uniformed wall thickness of the deformed T-shaped product [9]. Liewald et al. [10]
conducted investigations on the formability of ZM21 magnesium alloy tubes using warm THF at 350 ◦C.
The tubes used had a 42 mm outer diameter and 2.0 mm wall thickness. ZM21 tubes, which have a 1.5
times expansion ratio, were deformed successfully, and an example of the product manufactured by
this warm hydroforming process was presented.

However, there have been very few studies employing warm THF with a small-diameter Mg
alloy tube, with an outer diameter of less than 10 mm. Using THF with small tubes requires high
precision and fine tooling, as well as a suitable forming machine [11]. Additionally, simply scaling
down might be impossible because of the size effect [12]. In particular, there is a critical problem that
needs to be solved in relation to the consideration of a difference in the ratio of the outer diameter
and the wall thickness (t/D) between a large tube and a small tube. The wall thickness of a microtube
increases with downscaling, and handling of the microtube becomes difficult [13]. This increase of t/D

is caused because of the forming limit in the drawing process and the security of the rigidity of the
tube materials. The scales of t/D employed in some previous studies were 10−1, but it is assumed that a
manufacturable t/D for a small-diameter tube, which is required for medical device parts, is 10−2 [13].
Simply scaling down the processes is not easy. Therefore, the deformation behavior of small-diameter
tubes should be elucidated separately. It is necessary to evaluate the formability and the deformation
characteristics of small-diameter magnesium alloy tubes using warm THF.

Our previous paper focused on using warm THF with a small magnesium alloy tube, developed
a new die-moving-type THF system, and applied warm free bulge forming of a small-diameter ZM21
magnesium alloy tube, with an outer diameter of 2.0 mm and a wall thickness of 0.15 mm, at a
maximum of 300 ◦C [14]. The basic deformation behavior of the tube was evaluated, and the following
results were obtained: (1) the tube was most expanded at 250 ◦C, and the maximum expansion ratio of
a hydroformed sample was 1.76; (2) when the loaded pressure was lower, wrinkles occurred on the
tube, and deformation behavior was observed; and (3) the thinning of the wall thickness was exceeded
by the increase of the axial feeding amount ∆L. Additionally, it was clarified that the axial feeding limit
Lmax in comparison with the outer diameter D of the tube was found to be around Lmax/D = 0.5.

However, the deformation characteristics and the hydroformability of a small-diameter ZM21
tube, when it is deformed to a die shape, has not been studied yet. In addition, the demand for
integrated complex tubular micro-components, without welding and mechanical joining, has been
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increasing in recent years [15], and its shape is not only symmetrical, but also asymmetrical [16].
Accordingly, it is necessary to clarify the deformation characteristics of the tube during warm THF
using the asymmetrical-shape die.

In this study, warm THF was carried out with small-diameter ZM21 magnesium alloy. The ZM21
tubes used in this study have a 2.0 mm outer diameter and 0.20 mm wall thickness. The purpose of the
current study is to evaluate the influences of internal pressure and axial compressive displacement
on formability and deformation behaviors, such as expansion, buckling and wrinkling. In addition,
to deform the tubes into a die shape, straightening was applied to the tube with wrinkles, which were
caused during the axial feeding, and the influence of the straightening on the hydroformability of the
tube was clarified.

2. Materials and Methods

2.1. Overview of the THF System

Figure 1 shows the appearance of the THF machine, and Figure 2 shows a schematic of the THF
system used for the experiment in this study. The machine consisted of an oil pump, servo-motors,
load cells, cartridge heaters (250 W) and a heater controller. The pump loaded the internal oil pressure,
and the motors applied the axial feeding for both tube ends. The processing was carried out at 250 ◦C.
The heaters could heat the tube to 250 ◦C in approximately 140 s. The heat resistance of the oil was
350 ◦C. During the heating, the machine was covered by a case made of aluminum, and the case was
filled by Ar gas to avoid fire.

Figure 3a shows the oil sealing mechanism. The oil was sealed by two O-rings. The deformation of
each tube end inside the oil pool was restrained by a restraining ring made of steel to avoid expansion
of the tube in areas other than the die cavity. Figure 3b shows the loading mechanism of the axial
feeding and the internal pressure. The axial feeding was carried out by closing the die, in which
process the distance between the left and the right die was changed. Therefore, the optional axial
feeding amount was set as the distance between the left and the right die. These mechanisms could
resolve problems, such as the preparation of a high-precision axial compressive punch and oil-sealing
part, which were required in using THF with small tubes.

 

 
Figure 1. Appearance of the small warm hydroforming system used for the experiments.
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Figure 2. Schematic of the small warm hydroforming system.

 

 

Figure 3. Geometry diagram of the die for the warm tube hydroforming (THF): (a) sealing mechanism;
(b) loading mechanisms of the axial feeding and internal oil pressure in the tube for the experiment.

2.2. Material Characteristic and Results of the Tensile Test and Bursting Test

The mechanical properties of ZM21 magnesium alloy were obtained by tensile and bursting tests.
Each specimen undergoing these tests were annealed at 300 ◦C for 24 h. First, to understand the
rough tensile characteristics of ZM21, a tensile test using ZM21 magnesium alloy rods was carried out.
Table 1 shows the chemical composition of the ZM21 rods used for the tensile test. The rods, with an
outer diameter of 6.0 mm, were manufactured by hot extrusion. The tensile speed was 0.6 mm/min,
and the test temperature in the warm region was raised by increments of 50 ◦C. Figure 4 shows the
nominal stress–nominal strain diagram of the specimens, obtained from the tensile test. As a result,
the decrease of the deformation resistance and the improvement of the ductility were confirmed at
elevated temperatures. The ductility of the ZM21 rod at 250 ◦C is 220% higher than the test result at RT.
It is considered that using warm THF with ZM21 magnesium alloy at 250 ◦C is appropriate, because of
its excellent ductility and low resistance to deformation.

Then, the material characteristic of the small-diameter ZM21 tube, which was used for THF, was
evaluated by the tensile test at RT and 250 ◦C. The tube material manufactured by hot drawing [16]
has a similar chemical composition to the ZM21 rod, as shown in Table 1. The tube has a 2.0 mm outer
diameter and 0.2 mm wall thickness. The tubular test specimen was chucked between the upper and
lower chucks, with a distance between each chuck of approximately 10 mm, which is the same as the
gauge length. The tensile speed was set to 0.6 mm/min. Figure 5 shows the nominal stress–nominal
strain diagram of the ZM21 tube. The ductility of the ZM21 tube at 250 ◦C is 210% higher than the
test result at RT. Comparing the tensile test results, shown in Figure 4, with the test results for ZM21
rods, shown in Figure 5, correlations are observed between the tube and the rod materials in relation to
changes of the deformation resistance and the ductility.
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Moreover, the bursting pressure pb of the ZM21 tube was measured by the bursting test at RT
and 250 ◦C, in order to define the fracture limit of the tube in THF. The internal pressure was loaded
linearly by 1.0 MPa/s, until the tube burst. Figure 6 shows the result of the test. The bursting limit at
250 ◦C is 23% of the limit at RT.

Furthermore, to evaluate the expansion characteristics of the tube in the THF process, warm
free bulge forming was conducted at RT, 150 ◦C, 250 ◦C and 300 ◦C [14]. The tubes used had a
2.0 mm outer diameter and 0.15 mm wall thickness. Figure 7 shows a comparison of the expansion
characteristics of the hydroformed tubes. In this process, the internal pressure was set at 20% lower
than the bursting pressure pb of the initial tube. From this experiment, it was confirmed that the
warm-hydroformed ZM21 tube at 250 ◦C (Figure 7b) could be deformed sufficiently, and expanded
most in these temperature conditions. The expanded tube had a 3.52 mm outer diameter. Thus, under
this temperature condition, the highest expanding height could be obtained.

Table 1. Composition of specimens for experiments (mass%).

Material Al Zn Mn Si Fe Cu Ni Mg

ZM21 0.004 1.81 0.68 0.01 0.028 0.001 0.001 Bal.

 

 

Figure 4. Stress–strain curves of the ZM21 rod obtained from the tensile test result under various
temperature conditions.

 

Figure 5. Stress–strain curves of the small-diameter ZM21 tube obtained from the tensile test result at
R.T and 250 ◦C.
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Figure 6. Bursting pressures of the small diameter ZM21 tube obtained from the bursting test result at
R.T and 250 ◦C.
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Δ

Figure 7. Expansion behavior of the tube at R.T and 250 ◦C: (a) fractured tube at R.T; (b) expanded
tube at 250 ◦C.

2.3. Experimental Methods

Warm THF was conducted on the small-diameter ZM21 tube with a 2.0 mm outer diameter and
0.2 mm wall thickness under an elevated temperature condition (250 ◦C). Silicone oil was used as
the hydraulic pressure medium, and molybdenum disulfide (MoS2) paste was employed to provide
lubrication between the tube and the die. Figure 8 shows the loading path of the internal pressure ph

and the axial feeding displacement ∆L adopted in the experiment. In the loading path, Stage (1) is the
hydraulic pressure stage. The internal oil pressure is loaded on the predetermined internal pressure
ph. The pressure is maintained after the pressure medium is filled, and the air in the tube is vented.
The value of ph was defined based on α. It is defined by a percentage of the loaded internal pressure
ph to the bursting pressure pb. After that, in Stage (2), axial feeding is carried out to deform the tube,
which produces the axial feeding displacement ∆L = a maximum of 1.5 mm, while maintaining the
internal pressure ph. In Stage (2), the axial feeding is applied at a speed of 0.025 mm/s.

Figure 9 shows the die used for the warm THF experiment. The deformation characteristics of the
tubes, which are deformed in the taper-cavity die (Figure 9a) and the cylinder-cavity die (Figure 9b),
were evaluated. The divided asymmetrical dies with A-side and B-side parts, as shown in the figures,
were employed. Each side has a different cavity: the A-side has a straight cavity, without bulging,
and the B-side has a taper- or a cylinder-cavity. The taper- and the cylinder-cavity have an expansion
ratio that is 1.5 times the maximum, in comparison with the initial outer diameter of the ZM21 tube.
Before processing, every tube was annealed at 300 ◦C for 24 h.
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Figure 8. Schematic of the loading path used in the experiment and finite element (FE) method (FEM).

 

 

Figure 9. Geometry and dimensions of the tube hydroforming dies used in this study: (a) a taper-cavity
die; (b) a cylinder-cavity die.

2.4. FEM Model and FE Analysis Conditions

The warm THF process was analyzed by the FE method (FEM) to evaluate the deformation
behavior of the tube in the processing. The FEM code used was the dynamic explicit LS-DYNA 3D
(ver. 19. 2) (ANSYS Inc. Canonsburg, PA, USA). The FE models were constructed for one-quarter
of the entire part, considering the geometrical symmetry of the THF model, as shown in Figure 10.
Figure 10a is an FEM model that includes a taper-cavity die, and Figure 10b includes a cylinder-cavity
die. In these models, the tube has a length of 17 mm, an outer diameter of 2.0 mm and a wall thickness
of 0.2 mm. Solid elements were used for the tube and the dies. Rigid bodies were employed for the
die parts. The isotropic elastoplastic material was applied for the material model of the ZM21 tube.
The model was meshed, and the element was a ten-node element. The tube has 6 elements in the
thickness direction. The minimum element size of the tube was 33 µm × 33 µm × 39 µm. The number
of total elements for the tube blank and the dies are 192,000 and 1666, respectively.

The mechanical properties of the ZM21 magnesium alloy tube at 250 ◦C used in the simulations
are shown in Table 2. The material characteristics of the tube were determined using a true stress–true
strain diagram, which was created based on the nominal stress–nominal strain diagram shown in
Figure 5. The stress–strain data were inputted as the values approximated by a multiline approximation
approach. In the simulation, the Coulomb friction model was used, and the friction coefficient was 0.1.
The kinetic friction coefficient was defined as the same value as static. In the simulation, the internal
pressure and the axial feeding were linearly loaded along the loading path shown in Figure 8.

To define the internal pressure conditions in the simulation, the bursting pressure was calculated
by the bursting test in FEM. In this test, the internal pressure ph was loaded linearly, without loading of
the axial feeding. Figure 11 shows the maximum equivalent von-Mises stress of the tube obtained
from the test. The tube reached around the maximum value of the stress at ph = 12.5 MPa. After
that, the simulation stopped due to the occurrence of a negative volume of the elements in the tube.
Therefore, it is considered that the bursting pressure pb of the tube in FEM is 12.5 MPa.
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Figure 10. Schematic of the finite element (FE) model: (a) FE model for the taper-shape warm THF;
(b) FE model for the cylinder-shape warm THF.

Table 2. Mechanical properties of the small-diameter ZM21 magnesium alloy tube used in FEM.

Material ZM21 (250 ◦C)

Material model Elastoplastic body (Multilinear plasticity)
Mass density (kg/mm3) 1800
Elastic modulus (GPa) 8.20

Yield stress (MPa) 90.76
Poisson’s ratio 0.35
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Figure 11. Definition of the bursting pressures of the small-diameter ZM21 tube in FEM at 250 ◦C.

3. Results and Discussion

3.1. Fracture and Buckling Limits of the Tube in Relation to the Loaded Internal Pressure

To determine the value of the internal pressure that is loaded during the axial feeding in Stage
(2) shown in Figure 8, the fracture and the buckling limits of the small-diameter ZM21 tube were
evaluated by warm free bulge forming at 250 ◦C. The die used for this evaluation is shown in Figure 12.
The employed internal pressure conditions α were 90%, 80%, 70% and 50%, and the axial feeding was
performed at ∆L = 1.5 mm. Figure 13 shows the hydroformed tubes obtained under each condition.
When the loaded pressure was high (Figure 13a), the tube fractured immediately after the axial feeding
was applied (∆L = 0.27 mm), and the tube could not be expanded. On the other hand, when the loaded
pressure was low (Figure 13c), wrinkles appeared on the tube. Additionally, the tube was fractured by
severe folding deformation when the maintained internal pressure α was 50%, as shown in Figure 13d.
Therefore, it is considered that the buckling limit of the tube α = 50%, and the fracture limit α =
90%. However, the tube successfully expanded when αwas 80%. Figure 13b shows the successfully
hydroformed tube, without wrinkles, folds or fractures. The outer diameter of the hydroformed tube
was 3.23 mm, in this case.
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Figure 12. Schematic of the die cavity shape used for the evaluation of the fracture and bursting limit
of the tube.
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Figure 13. Deformation characteristics of the small ZM21 tube deformed under the various internal
pressure conditions: (a) a fracture (α = 90%); (b) bulge without fractures or wrinkles (α = 80%); (c) a
wrinkle (α = 70%); (d) a wrinkle and folding (α = 50%).

3.2. Influence of the Axial Feeding Direction on the Deformation Characteristic in Warm Tube Hydroforming

Since asymmetrical-shape dies would be used in this experiment, as mentioned in Section 2.3,
it was considered that the difference in the axial feeding direction may influence the deformation of the
tube [17]. Therefore, two conditions regarding the applied axial feeding direction for the tube were
established, and the deformation characteristics of the small-diameter ZM21 tube was evaluated under
these conditions at 250 ◦C. The conditions were named CASE A and CASE B. The axial feeding was
applied only from the A-side in CASE A, and in CASE B, it was applied from the B-side only. In these
conditions, the loaded axial feeding displacement ∆L was 1.5 mm, and the employed internal pressure
condition α was 80%. Figure 14 shows the hydroformed tubes and cross-section of the deformed tube
under both conditions using the taper-cavity die. The taper-shaped tube was successfully hydroformed
into the die cavity shape in CASE A (Figure 14a). However, a wrinkle appeared on the surface of
the tube in CASE B (Figure 14b). The cause of the occurrence of the wrinkle is considered to be the
influence of the difference of the shoulder shape in the moved die on the deformation of the tube.
When the axial feeding was applied to the die with a straight-cavity (A-side), the process led to an
excellent formability of the tube.

Figure 15 shows the axial compressive force measured by the load cell mounted on each die
end during the processes. In these results, the increase of the axial compressive force from around
∆L = 0.5 to 1.0 mm was caused by a rise in the hardness of the tube material, which was affected by
the occurrence of the twin boundaries during the process [15,18]. Additionally, it is considered that
the increase from around ∆L = 1.2 to 1.5 mm was caused by the bending deformation added to the
expanding deformation in filling the tube material in the die corner. By comparing the measured axial
compressive force in CASE A and CASE B, a difference was found in the value of the measured axial
compressive force. The incline of changes showed that it clearly differed. Therefore, it seems that the
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difference between the deformation behavior of the tubes was caused at around ∆L = 1.0 mm, and a
wrinkle appears at that time.

In addition, Figure 16a shows the microstructure in the taper-shaped tube obtained in the CASE
A condition. Grain with twin boundaries and grain that is finer than the grain in the annealed tube
were confirmed in the taper-shaped tube. Figure 16b shows the equivalent von-Mises stress, and
Figure 16c shows the equivalent plastic strain in the deformed area of the tube. These plots show
that higher compressive stresses and strain appeared conspicuously on the inside of the bended
part of the hydroformed tube. There is a correlation between the area where the grain with twin
boundaries and the refined grain were observed and that where the higher compressive stresses and
strain appeared. It is considered that the deformed tube has advantages, such as a high strength and
high-stress corrosion resistance, because of the refinement of the grain. However, their occurrence
behavior during the process is yet to be observed and noted in detail. More specific observations of
the changes of the microstructure in the tube during the deformation is necessary in evaluating the
refinement behavior of the grain in the hydroformed tube.

 

Δ

 

 

Figure 14. Effect of the axial feeding direction on the deformation characteristics of the small ZM21
tube: (a) taper-shaped tube; (b) wrinkle.

 

Δ

  

Figure 15. Effect of the axial feeding direction on the axial compressive force during the process: (a) no
wrinkle; (b) wrinkle.
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Figure 16. Microstructure at different positions of the taper-shaped tube and the FEM results of the
taper-shape forming: (a) Microstructure of the taper-shaped tube; (b) distribution of the equivalent
von-Mises stress at the taper; (c) distribution of the equivalent plastic strain.

3.3. Forming Defects

When the cylinder-cavity die was employed, warm THF was impossible under both axial feeding
conditions, because the tube was fractured during the processing. Figure 17 shows the deformation
behavior of the tube, which was deformed in the cylinder-cavity die obtained by FEM. In addition,
Figure 18 shows the thinning behavior of the wall of the tube, in the area where the maximum reduction
of the wall thickness was observed in FEM. As shown in Figure 17, the tube appeared to have been
deformed successfully at first glance. However, it is clear that a severe decrease of the thickness
occurred at ∆L = 0.525 mm. The maximum thickness strain in that area was −31.5% at ∆L = 0.9 mm,
and the wall thickness of the tube was decreased from 0.2 mm to 0.137 mm. It is considered that the
tube fractured during the axial feeding, due to the severe thinning deformation of the wall in the
experiment. Therefore, the suppression of the thinning of the wall is necessary to avoid fracture when
the cylinder-cavity die is employed for warm THF.

On the other hand, Figure 19 shows a deformation defect obtained when warm THF was employed
with the taper-shape die. This defect was caused because the closing die pinched the tube, which
expanded to an extreme extent during the axial feeding. Excessive expansion of the tube is caused
by uncontrollable fluctuation of the internal pressure during the processing. In the experiment, the
internal pressure fluctuates within a maximum error of approximately 5%, because of the change of
the tube volume with the expansion, the thinning of the wall, and a leak of the pressure medium.

 

Δ
− Δ

 

Figure 17. Deformation behavior of the small ZM21 tube in the cylinder-shape warm THF obtained by FEM.
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Figure 18. Thinning behavior of the wall thickness in the cylinder-shape warm THF obtained by FEM.
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Figure 19. Forming defect of the small ZM21 tube in the taper-shape warm THF: (a) experiment;
(b) FEM.

3.4. Influence of Deference in the Loading Path on the Deformation Characteristics in Warm Tube Hydrofoming

Figure 20 shows the modified loading path. To avoid forming defects, as mentioned in Section 3.3,
the internal pressure ph at Path (2) was maintained with a lower value, which can suppress the
occurrence of forming defects. In this experiment, the internal pressure was loaded, and it was α = 60%
in Stage (1) and (2). In Stage (2), the axial feeding was applied while maintaining the internal pressure.
The occurrence of wrinkling is allowed in this stage. After that, the straightening stage was installed,
as Stage (3) in the loading path, to expand the wrinkled tube. The internal pressure was raised from α
= 60% to 80% in the straightening stage. The experiments were carried out at 250 ◦C, and the axial
feeding condition used was CASE A, with ∆L = 1.5 mm. The hydroformed samples were observed in
Stage (2) and (3).

Figure 21 shows the hydroformed small-diameter ZM21 tubes, which were obtained by warm
THF using the modified loading path. Every picture of the hydroformed tube shown in the figure
was deformed from other materials. The experiments were not carried out using the same tube. The
tubes with wrinkles were expanded into a taper shape (Figure 21a) and cylinder shape (Figure 21b)
successfully in Stage (3). Figure 22 shows the deformation behavior of the tube during warm THF using
the cylinder-cavity die in FEM. There is no area where the wall of the tube is very thin. Additionally,
Figure 23 shows the thickness strain of the tube deformed using the cylinder-cavity die in the experiment.
The thinning amount of the wall of the wrinkled tube was suppressed, compared with the tube that
was deformed using the initial loading path shown in Figure 8. The maximum thickness strain was
−2.5%. Moreover, the maximum thickness strain of the tube at the end of Stage (3) was −16.8%. From
these results, it is considered that the warm THF using the cylinder-cavity die was successful because
of the suppression of the thinning of the wall. It is clear that the value of the loaded internal pressure
during axial feeding is an important factor that influences the deformation of the tube.
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On the other hand, the wall thickness of the hydroformed tubes was not uniform. Figure 24 shows
the expansion distribution of the hydroformed tubes. Remarkably, the expansion of the tube occurs
in the valley of the wrinkle. Compared with the deformed tube shape, the position of the notably
thickened area was the shoulder and the valley part between the left wrinkle and right wrinkle in Stage
(2), as shown in Figure 23. After the straightening (Stage (3)), the thinning remarkably proceeded in
the valley. This thinning is caused by a local expansion in the valley of the wrinkles. The deformation
of the tube is constrained due to the top of the wrinkles touching the die cavity at the end of Stage (2).
Therefore, the tube is expanded in the valley of the wrinkles only in Stage (3), and this area shows
severe thinning deformation of the wall.

 

−
−

 

Figure 20. Schematic of the modified loading path used for the experiment and FEM.

 

−
−

 

 

Figure 21. Deformation behavior of the small ZM21 tubes, which were deformed based on the modified
loading path at 250 ◦C: (a) taper-shaped tube; (b) cylinder-shaped tube.

 

 

α α

Figure 22. Deformation behavior of the small ZM21 tube in the cylinder-shape warm THF obtained by
FEM at 250 ◦C using the modified loading path.
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Figure 23. Thickness strain of the deformed tubes in the cylinder-shape warm THF at 250 ◦C.
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Figure 24. Expansion distribution of the deformed tubes in the cylinder-shape warm THF at 250 ◦C.

3.5. Forming Limit

The fracture limit of the small-diameter ZM21 tube in Stage (3) in the modified loading path was
investigated in the experiment. The cylinder-cavity die was employed for this evaluation. In Stage
(3), the internal pressure was loaded at a speed of 1.0 MPa/s, until fracturing. Figure 25 shows the
deformed tubes in Stage (3). The wrinkled tubes could withstand a higher internal pressure than the
bursting pressure pb of the initial tube obtained from the bursting test. The warm THF was successful
when α = 200%, as shown in Figure 24. However, when the loaded pressure α was 200% or more, the
tubes tended to fracture, as shown in Figure 25b,c. Bursting of the tube under the higher-pressure
region occurred in the area around the right-angle die corner. It is considered that the tubes could
withstand a higher pressure than the bursting pressure, owing to the die cavity and the thickening of
the wall in the expanded valley of wrinkle constraining the expansion of the tube, as mentioned in
Section 3.4.

In addition, the expansion distribution of the hydroformed tube with the loaded pressure condition
α = 200% in Stage (3) is shown in Figure 26. The results of the warm THF, without the straightening (α =
60%) and with the straightening (α = 80%), are shown in that figure for comparison. The tube expanded
sufficiently from the wrinkled to the cylinder-shape when α = 200%. Conversely, the expansion of
the tube, which was straightened with raised pressure α = 80%, was incomplete, compared with the
hydroformed tube with α = 200%. The cause of the insufficient expansion when α was 80% in the
straightening stage is considered to be the high strength of the tube material, owing to grain refinement,
as mentioned in Section 3.2. Figure 27 shows the microstructure of the tube that was wrinkled in Stage
(2). At the top of the wrinkle, there were approximately 20 fine-grained layers in the wall thickness
direction, as shown in Figure 27b, and the average grain size was approximately 9.3 µm (Figure 27a).
On the other hand, the grain size in the non-deformed area was 21.5 µm. Therefore, warm THF of the
tube, from the wrinkle to the die cavity shape, requires the loading of a higher internal pressure to
straighten the wrinkle.
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Figure 25. Forming limit of the small ZM21 tube in the cylinder-shape warm THF at 250 ◦C: (a) no
fracture (α = 200%); (b) fracture (α = 230%); (c) fracture (α = 250%).

 

 

Figure 26. Expansion distribution of the deformed tube, which was loaded with a higher internal
pressure for the straightening of the wrinkle in the cylinder-shape warm THF at 250 ◦C.

 

  

Figure 27. Microstructure of the wrinkled tube obtained from the cylinder-shape warm THF in Stage
(2) at 250 ◦C: (a) microstructure in the non-deformed area; (b) microstructure at the top of the wrinkle.

Moreover, the forming limit for the die corner shape in the right-angle die corner was evaluated.
Figure 28 shows the axial cross-sections of the taper-shaped tube (Figure 28a) and the cylinder-shaped
tube (Figure 28b) under the conditions of ∆L = 1.5 mm and α = 80% in Stage (3). In each processing
stage, filling to the die corner was insufficient. The obtained radii of the corner-shape R were 0.318 mm
in Figure 28a and 0.384 mm in Figure 28b. From this result, it is considered that the forming limit of
the tube in the die corner is approximately R = 0.3 to 0.4 mm. For the filling of the tube material to
the sharper die corner, it seems that the material flow into the die is necessary. In this study, the axial
feeding was carried out, without an axial compressive paunch. Thus, the tube material could barely
flow into the die cavity. Additionally, there is a disagreement in the bending shape of the hydroformed
tubes between the taper- and the cylinder-shaped tube. It is considered that this disagreement is caused
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by the difference in the ratio of the axial feeding displacement to the die-cavity volume between these
dies. The cylinder-cavity die has a lager die cavity volume than the volume of the taper-cavity die.
Therefore, optimization of the amount of the axial feeding displacement that is applied to the tube in
relation to the die cavity volume is required.

 

  

Figure 28. Radius shape of the corner of the deformed tubes: (a) taper-shaped tube; (b)
cylinder-shaped tube.

4. Conclusions

In this study, warm THF at 250 ◦C for small-diameter ZM21 magnesium alloy tubes with an
outer diameter of 2.0 mm and a wall thickness of 0.2 mm was examined by experimentation and FEM
analysis. The influence of the loaded internal pressure and the axial compressive displacement on the
deformation characteristics, the forming limit, and the forming defects of the tubes were examined and
evaluated. The results obtained in this study are summarized below.

1. The fracture and buckling limit of the tube during warm THF were clarified. When the employed
loading internal pressure condition α, which is a percentage of the internal pressure ph to the
bursting pressure pb of the initial tube, was 90%, hydroforming of the ZM21 tube was impossible
due to a fracture of the material during the axial feeding. On the other hand, warm THF, which
was employed under the condition of α = 50%, caused buckling of the tube, and the tube was
fractured by a severe folding deformation.

2. When the loaded internal pressure condition αwas 70%, the tube with wrinkles was obtained.
The warm THF under the condition of α = 80% was successful, without fracture and wrinkles.

3. The effect of the axial feeding direction on the deformation characteristics of the ZM21 tube
was confirmed. The difference in the deformation behavior of the tube occurred around
the axial feeding displacement ∆L = 1.0 mm. Additionally, the taper-shaped tube that was
hydroformed successfully had grain with twin boundaries and refined grain in the bended and
the expanded areas.

4. The observed forming defects of the ZM21 tube were fracturing of the tube during the axial
feeding in warm THF using the cylinder-cavity die and pinching of the material in the section
between the left and right die caused by die closing and an excessive expansion of the tube.
The fracture of the tube could be caused by the severe thinning deformation of the wall with a
maximum thickness strain of −31.5%. It is confirmed that a lower loaded internal pressure during
the axial feeding stage is required to avoid the occurrence of these defects.

5. Warm THF for the tube using the cylinder-cavity die was successful, with the modification of the
loading path. The thinning that appears during the axial feeding was suppressed by the loaded
lower internal pressure. The hydroformed tube obtained by warm THF using the modified
loading path had a maximum thickness strain of −2.5% after the axial feeding stage. The tube
with the wrinkles could be expanded successfully into the taper and the cylinder shapes by
increasing the pressure in the straightening stage.

6. The fracture limit of the tube during warm THF in Stage (3) was α = 200%. In addition, when the
loaded pressure αwas 200% or more, the tubes tended to fracture at the corner in the die cavity.
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The improvement of the fracture limit of the tube in Stage (3), compared with that of the initial
tube, is caused by the thickening of the wall, which occurs in Stage (2), and the high strength due
to the finer grain.

7. The radius of the bended area in the taper- and cylinder-shaped tube were measured. It is considered
that the forming limit of the tube with the die-corner shape was around R = 0.3 to 4.0 mm.
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