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Modern manufacturing faces extensive technological and economic challenges to
remain competitive under the current political and social conditions. Complex component
geometries must be formed with high precision from materials that often provide limited
formability. Joining technology must enable connections between different material com-
binations so that the resulting joints meet high requirements in terms of, e.g., mechanical
strength, electrical conductivity, or tightness. Cutting operations must ensure a high-quality
cut surface for materials of different strengths. In all areas, cost effectiveness, resource
efficiency, and flexibility must be considered, and the manufacturing industry must be able
to react quickly to changing boundary conditions and adapt their production in the sense
of a resilient system. The clever use of velocity effects can help to meet these demands.
This especially concerns impulse-based manufacturing technologies, in which the required
energy acts within a very short period of time and suddenly accelerates workpiece areas to
very high velocities. The correspondingly high strain rates, together with inertia and adia-
batic effects, affect the behavior of many materials, resulting in technological benefits such
as improved formability, reduced localizing, springback, extended possibilities regarding
the production of high-quality multi material joints, and burr-free cutting. Furthermore, it
is often possible to apply smaller and simpler presses.

This Special Issue of JMMP presents the current research findings, which focus on
exploiting the full potential of impulse-based processes by providing a deep understanding
of the technology and material behavior and detailed knowledge of sophisticated process
and equipment design. The range of considered processes covers electromagnetic forming
and joining by magnetic pulse welding, electrohydraulic forming, the use of vaporizing
foil actuators, and adiabatic cutting with hydraulically driven presses. The presented work
spans from basic investigations via application-oriented research to the development of
industrial series processes.

In recent years, magnetic pulse welding—an application of electromagnetic forming
that allows for the impact welding of various material combinations, including ones
that are not compatible in conventional fusion-welding processes—has been a topic of
interest in research and among industrial users. Corresponding with this trend, several
papers in this Special Issue are dedicated to this technology: Faes et al. investigate the
magnetic pulse welding of copper and steel tubes with and without an internal support.
They use a coupled numerical simulation to quantify the collision parameters (impact
angle and velocity) and predict the resulting shape of the joint. This shape is verified
experimentally and fundamental correlations between influencing process parameters,
collision properties and joint characteristics are identified [1]. Complementarily to this,
Zhang and Kinsey study the tube-to-rod welding of aluminum to titanium and copper.
They analyze the weld morphology via microstructural analysis and multiscale simulation.
The research shows that yield strength and the density of the joining partners influence the
wave formation and shear stresses are decisive, while shear velocity and contact pressure
seem to have a minor influence [2]. Drehmann et al. focus on sheet metal magnetic pulse
welding of aluminum to press-hardening steel and prove, via lap shear tests, that high
quality is achievable. Similar to [1], they determine the collision parameters via coupled
numerical simulation and deduce a quantitative collision-parameter-based process window
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for the material combination. They also perform an in-depth microstructural analysis and
correlate the results with the mechanical quality of the welds [3]. Khalil et al. consider
a special variant of magnetic pulse welding, which is suitable for the spot welding of
metal sheets. They focus on tool design and assess different geometries and materials
with regard to their efficiency and lifetime performance. In this context, again, the impact
velocity is calculated, and the resulting aluminum steel joints are evaluated in quasistatic
shear tests and fatigue tests [4]. These contributions reflect the significance of the collision
properties in magnetic pulse welding. However, the technology does not allow for the direct
adjustment of these important parameters, and even their measurement is hardly possible.
To overcome these restrictions, Groche and Niessen present a model experiment that
allows for the direct setting of the collision velocity and angle, independently of each other.
They quantify a process window for aluminum/copper welds and compare this to the
corresponding process windows identified for aluminum/aluminum and copper/copper
welds. Microstructural investigations help to evaluate the weld quality and identify
bonding mechanisms [5]. Similarly, Prasad et al. present a model setup that allows for
an investigation of high-speed collision processes. They use a vaporizing foil actuator
to accelerate a projectile to velocities in the range of 300–400 m/s. The setup serves for
impulse-based manufacturing, such as collision welding or powder compaction, as well as
for characterizing, e.g., the spall strength of materials in shock physics [6].

In addition to magnetic pulse welding, shaping by electromagnetic forming is con-
sidered in some contributions to this Special Issue. While earlier work dedicated to this
technology focused on modelling and understanding the general deformation course,
the work presented here focusses on equipment design and the development of complex
industrial parts. Goyal et al. present fundamental results regarding the mechanical loads
acting on the coil. They consider skin and proximity effects to numerically calculate the
current density distribution and the resulting deformation of the coil winding as a func-
tion of the arrangement of the individual winding turns relative to each other and the
workpiece [7]. As a supplement, Beckschwarte et al. examined the molding tools. They
point out that, when forming thin foils, both the mechanical and electrical properties of the
dies must be considered because, for this type of workpiece, the shielding of the magnetic
field is not very effective. To avoid significant reductions in the process efficiency, the die
materials should feature low electrical conductivity and high permeability [8]. Avrillaud
et al. comprehensively reviewed how high strain rates can improve the formability of
materials and applied this knowledge to industrial applications from the automotive sector,
luxury products, or hadron collider components. The application examples consider the
formation of deep or complex geometries, embossing, and post-forming to shape sharp
edges. They show that, depending on the manufacturing task, electromagnetic or electro-
hydraulic forming could be suitable [9]. The contribution of Mamutov et al. also deals
with the implementation of electrohydraulic forming in industrial manufacturing. They
present a simple stepwise process design method: first, critical areas requiring a high
forming pressure are identified; then, a hydrodynamic simulation serves to optimize the
pressure chamber and, finally, a simple preform design method allows for the strains to be
redistributed in the workpiece [10].

Compared to the technologies considered so far, high-speed impact cutting with
hydraulically driven presses is a relatively slow process. However, the punch speed can
still reach up to 10 m/s, and corresponding strain rates are in the range of 103/s, so
the technology can still benefit from strain rate, inertia, and adiabatic heating. Winter
et al. investigate the formation of adiabatic shear bands and the corresponding geometric
accuracy of the cut surface under different process parameters. Specifically, they consider
the influences of the relative clearance and the corresponding stress state, impact velocity,
and impact energy [11].

All contributions to this Special Issue use numerical simulation to visualize and quan-
tify process parameters, which can hardly be measured. Obviously, the quality of such
simulations significantly depends on the implemented material model and the accuracy of
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the material parameters under the specific technological circumstances, such as strain rate
and triaxiality. Therefore, technology-adapted material characterization and modelling
is highly relevant in impulse-based manufacturing. Silva et al. suggest a me-thodology
for the mechanical characterization and modelling of materials under extreme load condi-
tions considering strain, strain rate, temperature, and state of stress [12]. Al-though the
validation in this paper is based on metal cutting, these load conditions show comprehen-
sive similarities with the situation in impulse-based manufacturing, so the approach is
relevant and could benefit these technologies, too. The consequent improvement in the
simulation via establishing efficient coupled and multiscale tools, as well as well-adapted
material models, provides a prerequisite for the future implementation of digitalization
and artificial intelligence, and thus contributes to the development of smart, impulse-based
manufacturing processes.

Funding: This research received no external funding.

Conflicts of Interest: The author declares no conflict of interest.
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Abstract: Magnetic pulse welding is a solid-state joining technology, based on the use of
electromagnetic forces to deform and to weld workpieces. Since no external heat sources are used
during the magnetic pulse welding process, it offers important advantages for the joining of dissimilar
material combinations. Although magnetic pulse welding has emerged as a novel technique to join
metallic tubes, the dimensional consistency of the joint assembly due to the strong impact of the flyer
tube onto the target tube and the resulting plastic deformation is a major concern. Often, an internal
support inside the target tube is considered as a solution to improve the stiffness of the joint assembly.
A detailed investigation of magnetic pulse welding of Cu-DHP flyer tubes and 11SMnPb30 steel target
tubes is performed, with and without an internal support inside the target tubes, and using a range of
experimental conditions. The influence of the key process conditions on the evolution of the joint
between the tubes with progress in time has been determined using experimental investigations and
numerical modelling. As the process is extremely fast, real-time monitoring of the process conditions
and evolution of important responses such as impact velocity and angle, and collision velocity,
which determine the formation of a metallic bond, is impossible. Therefore, an integrated approach
using a computational model using a finite-element method is developed to predict the progress
of the impact of the flyer onto the target, the resulting flyer impact velocity and angle, the collision
velocity between the flyer and the target, and the evolution of the welded joint, which are usually
impossible to measure using experimental observations.

Keywords: magnetic pulse welding; dissimilar material combinations; impact velocity; impact angle;
collision velocity

1. Introduction

Magnetic pulse welding (MPW) is a solid-state impact welding technology able to create
joints between two overlapping parts by a progressive collision, which is generated by an intense
electromagnetic (EM) impulse [1]. Figure 1 shows a schematic layout for the MPW of overlapping tubes.
A capacitor bank is charged by a power supply to store the required amount of energy, which is released
instantaneously into a coil by using a high-current switch. The resulting discharge current of high
magnitude and high frequency induces an intense transient EM field inside the coil, which induces
eddy current in the outer tube [2]. The induced eddy current causes a differential EM field on both
sides of the outer tube, resulting in an EM pressure that, in turn, causes the outer tube to impact onto
the internal tube with high velocity [3]. As a result of the collision between the outer and the inner
tubes at a certain angle, the tubes experience intense localized plastic deformation and a jet is generated
along the surfaces of the materials before they make contact, which is able to remove the surface
impurities and promote consolidation between the clean mating surfaces under EM pressure [2,3].
The consolidation between the two parts occurs without any bulk melting [4], although local melting
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at scattered locations along the joint interface is reported for MPW of AA6060 flyer tubes and copper
target rods [5], AA1050 flyer and target sheets [6] and AA6060 flyer tubes and AlSi10Mg target rods [7].
For the overlapping assembly, the outer part is referred to as the flyer and the inner part is referred to
as the target. Since the bulk melting of materials is avoided, MPW is increasingly considered for the
joining of dissimilar materials [8].

Figure 1. Schematic layout of magnetic pulse welding (MPW) set-up for joining of tubes.

The joining of tubular parts with MPW involves the use of a thick circular coil, with the assembly
of the overlapping flyer and target tubes placed inside the coil [9]. The coil imposes a radial EM
impulse pressure on the flyer tube for a very short duration, that forces the flyer to impact onto the
target tube in a progressive manner, resulting in jetting of surface impurities from the original interface,
a controlled plastic deformation and bonding between two tubes [10]. The welded interface in MPW
is characteristically similar to that in explosion welding, which is created as a result of a traverse
of collision points, followed by plastic deformation at a high strain rate and jetting out of surface
impurities, and consolidation between clean metallic layers along the interface between the impacting
flyer and target [5]. The phenomena of jetting due to the high velocity impact between the flyer and
target and the consequent shearing of very thin layers from the metallic surfaces, the composition of
the metal jets and the possible effect of jetting on the profile of the welded interface are examined by
several researchers for MPW of similar and dissimilar materials [11–13].

Often, an internal support is employed to enhance the stiffness and avoid excessive plastic
deformation and fracture of the tube assembly as a result of the high velocity impact of the flyer
tube onto the target tube [14]. Especially, tubes with a small wall thickness need to be supported,
because they can hardly resist radial forces. A study comparing the weld performance in terms of
the contour deformation, microstructure and tensile strength of tubular joints, achieved with and
without internal support, was found in [15]. An aluminium AA6060-O flyer tube (outer diameter:
76 mm × 2.5 mm) was joined onto a steel 34 (St34 mod) target tube (outer diameter: 76 mm × 2.5 mm).
Other sources report the use of an internal support placed inside the target tube for MPW of AA5052
flyer tubes of wall thickness of 1 mm and SS304 target tubes of wall thickness of 1 mm [16], and for
MPW of AA6060 flyer tubes of wall thickness of 1.5 mm and Cu-ETP target tubes of wall thickness of
1 mm [17]. Although these studies showed the need for an internal support during MPW of tubular
parts, detailed quantitative analyses of MPW with and without an internal support are not provided.

The plastic deformation of the flyer and target tube during MPW is influenced by the nature and
magnitude of the applied discharge current, the original joint configuration, the mechanical properties
of the tube materials, the wall thickness of the tubes and the initial standoff distance between them,
and the impact velocity of the flyer. For example, typical AA6061 flyer tubes (diameter: 40 mm × 2 mm)
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experienced a radial plastic deformation in the range of 1 to 2 mm during the joining with AISI1045
target rods [18]. The impact velocity of the flyer when impacting with the target rods was measured
and was in the range of 245 to 305 m/s [18]. MPW of AA3003 flyer tubes (diameter: 20 mm × 1 mm)
and steel target tubes (diameter: 15.2 mm × 1.7 mm) resulted in an inward plastic deformation of
1.5 mm of the joint assembly [8]. Likewise, MPW of AA6060 flyer tubes (diameter: 20 mm × 1 mm)
and steel target tubes (diameter: 14.4 mm × 2.7 mm) led to an inward plastic deformation of 1.4 mm of
the joint assembly [19]. An inward plastic deformation of 4.2 mm of the joint assembly was reported
by Guigliemetti et al. [20] during MPW of aluminium tubes with a wall thickness of 2 mm. For MPW
of Cu-DHP flyer tubes (diameter: 22.22 mm × 0.89 mm) and 11SMnPb30 steel target tubes (diameter:
16.44 mm × 2 mm), Shotri et al. [10] reported an inward deformation of approximately 5.8 mm of
the joint assembly [10]. The aforementioned studies showed that the MPW of tubes would lead to
an inward plastic deformation of the joining partners, and to a distortion of the final joint geometry,
which may often be unacceptable and unwarranted for the intended final purpose.

A solution to restrict the inward plastic deformation of tubes during MPW when the flyer impacts
on the target is to use a solid mandrel inside the target tube to enhance the stiffness of the original
joint assembly. Shotri et al. [21] reported the use of a steel insert for MPW of AA2017 flyer tubes
(diameter: 20 mm × 1 mm) and SS304 target tubes (diameter: 20 mm × 2 mm). Cui et al. [22] used an
AA6061 supporting insert for the joining of AA5052 flyer tubes (diameter: 30 mm × 1 mm) and carbon
fibre composite target tubes (diameter: 28 mm × 1.5 mm). Faes et al. [23] reported a decrease of the
inward plastic deformation of the final joint assembly from 2.9 to 1 mm in MPW of Cu-DHP flyer tubes
with 11SMnPb30 steel target tubes using polyurethane internal supports. The use of polyurethane
internal support was also reported for MPW of AA6061 flyer tubes with a diameter of 40 mm and
Cu-ETP target tubes, in order to minimize the maximum plastic deformation of the joint assembly [17].
Although these studies have showed that the use of an additional insert inside the target tube can
avoid excessive plastic deformation, a detailed analysis of MPW of tubes with and without such inserts
is rarely conducted.

In the present work, an effort is made to investigate the relative influence of the discharge energy,
the initial standoff distance, and the use of an internal support for MPW of thin-walled Cu-DHP flyer
and 11SMnPb30 steel target tubes using a bitter plate coil with a field shaper. The welded joints were
produced at two different discharge energies (14 and 16 kJ), using variable standoff distances between
the flyer and the target tubes, and with and without a polyurethane internal support inside the target
tube. The nature of the progressive plastic deformation and evolution of the joint profile was examined
in detail experimentally and using a numerical process model.

2. Materials and Methods

Figure 2 shows schematically the MPW coil, which is connected in series to an electrical discharge
circuit. A five turn AA6082 bitter plate coil with a CuCrZr field shaper was used. The bitter plate
coil consists of five hollow circular plates, which are made of AA6082 and held together by a set of
insulated steel bolts in staggered positions. The circular coil plates with a diameter (mo) of 280 mm
and a thickness (mb) equal to 12 mm have i/o (in/out) terminals at 10◦, through radial cut-out sections.
An insert of Cu-ETP with a thickness of 3 mm is located between the start and end of the radial sections
and connects the adjacent plates (Figure 2), for a uniform circumferential flow of the discharge current.
Table 1 presents the details of the discharge energy circuit and its characteristics.
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Figure 2. Schematic representation of the coil-tube assembly and solution domain.

Table 1. Details of discharge circuit elements and energy characteristics.

Discharge circuit Capacitance (μF) Resistance (mΩ) Inductance (μH)
C = 160 R = 14.3 L = 0.55

Generator capacity E = 50 kJ, U = 25 kV

Characteristics of the discharge energy

Pulse frequency f = 1/
(
2π
√

LC
)
= 17 kHz; ω = 2πf = 106.76 × 103 rad/s

Damping coefficient τ = (2L)/R = 7.69 × 105 s
Discharge current I = Ime(−t/τ) sinωt, where Im = U

√
C/Le(−t/4)/τ

A high frequency damped sinusoidal current flows through the coil when the high current switch
(Sg) is activated and creates a transient EM field that induces a secondary eddy current in the inner
coaxial CuCrZr field shaper. The field shaper has a tapered geometry that allows a concentrated inward
flow of the surface current towards its internal face, using a radial slit across its thickness. The inner
and the outer width of the field shaper are 80 and 15 mm, respectively, and its tapered angle θ is 30◦.
A constant initial radial gap (a) of 1.14 mm is maintained between the field shaper internal surface and
the flyer tube. The process conditions, and the dimensions of the coil, field shaper and tubes assembly
are presented in Table A1 (Appendix A).

A Rogowski coil was used to measure the magnitude and nature of the discharge current [10] for
the applied energy of 14 and 16 kJ. A photon Doppler velocimetry (PDV) setup was used to measure
the velocity of the flyer tube during the course of its acceleration, impact on the target and complete
deceleration. The collimator probe of the PDV set-up has an outer diameter of 2.5 mm and is integrated
into the field shaper, as shown in Figure 2. The actual arrangement of the coil and the field shaper
is illustrated in Figure 3. Several bore holes and pockets were made in the field shaper in order to
allow the collimator probe of the PDV set-up to access the outer surface of the flyer tube. This setup
allows radial velocity measurements at the centre of the field shaper. This corresponds with a velocity
measurement location at 0.5 mm from the tube extremity. The measured velocity of the flyer tube
when it impacts onto the target tube is used for the comparison with the computed impact velocity of
the flyer tube.
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Figure 3. Actual arrangement of multi-turn bitter coil and field shaper with the collimator probe
(yellow) of the photon Doppler velocimetry (PDV) setup coming out of the field shaper.

The tube assembly is comprised of a flyer tube made of the Cu-DHP alloy with a diameter (dg)
equal to 22.22 mm and a wall thickness (eg) equal to 0.89 mm, and a target tube made of 11SMnPb30
steel with a wall thickness (eh) equal to 1 mm. The overlap between the flyer and the target tubes
was equal to 25 mm, creating a free length of the flyer tube of 15 mm. The initial standoff distance (s)
between the flyer and the target tubes was varied from 1 to 2 mm, by employing target tubes with
different external diameters (dh) ranging from 18.44 to 16.44 mm.

For the purpose of minimizing the deformation of the parent part, a 50 mm-long tube made of
polyurethane with an inserted solid steel bolt was used as an internal support for the target tube
(Figure 4). The polyurethane had a hardness of 92 Shore A. The tubular internal supports were
pre-stressed via the inserted bolt, a washer and nuts. After the MPW process, the inserts could be
removed manually by releasing the bolt and could be re-used. Tables 2 and 3 show the material
properties of the coil, field shaper, flyer and target tubes, the internal polyurethane tube and the steel
bolt support, respectively. These materials properties are used further in computational modelling of
the MPW process in the present work.

 
Figure 4. Schematic representation of the tubular internal support used in the experiments with flyer
tube diameter dg = 22.22 mm and target tube diameter dh = 16.44 to 18.44 mm.
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Table 2. Material properties of coil, field shaper and tubes (flyer-target) [10].

Property Symbol
Coil

AA6082
Field Shaper

CuCrZr
Flyer

Cu-DHP
Target

11SMnPb30

Relative permeability μ 1 0.99 0.99 B-H curve *
Electrical conductivity (S/m) σ 26.32 × 106 58 × 106 46.9 × 106 5.75 × 106

Density (kg/m3) ρ 2700 8933 8900 7800
Specific heat (J/kg/K) cp 900 385 386 472
Shear modulus (GPa) G 26.3 45 47.8 129

Poisson ratio ν 0.33 0.38 0.38 0.29

* B-H curve for 11SMnPb30 steel is presented as Figure A1 in Appendix C.

Table 3. Material properties of the polyurethane [24] and steel bolt [10].

Property Symbol
Internal Support

Polyurethane AISI 1006 Bolt

Density (kg/m3) ρ 1150 7896
Shear modulus (GPa) G 0.7 81.8

Poisson ratio ν 0.4 0.29

Figure 5 shows a sample welded tubular assembly, together with a typical cross-section of
the joined zone. The final cross-section of each welded sample was examined along the original
flyer-target overlap length, to measure the joint length and the overall deformation of the assembly.
The longitudinal cross-section of each welded joint was examined using optical microscopy to obtain a
macroscopic view of the entire flyer-target contact and using scanning electron microscopy (SEM) to
investigate the microscopic nature of the contact interface at multiple locations. The welded length
is judged based on the intimate contact along the flyer-target interface as viewed under the optical
microscope. Subsequently, the microscopic nature of the interface was examined at a few locations
along the welded interface using SEM. For a sample weld prepared with an internal polyurethane
support, the macroscopic view of the longitudinal cross-section of the entire tubular joint and the
SEM backscattered images at two random locations along the welded interface are shown together
in Figure 6. Similar SEM backscattered images at six to ten locations along the welded length are
examined for each welded sample to observe the interface nature. In most cases, a slightly wavy nature
of the interface has been observed along the welded length, which is anticipated from the macroscopic
view, based on a close scrutiny using optical microscopy.

Figure 5. (a) Typical welded assembly and (b) cross-section in the as-welded condition with flyer tube
diameter dg = 22.22 mm and target tube diameter dh = 16.44 to 18.44 mm.
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Figure 6. Macroscopic view of the longitudinal joint cross-section with SEM backscattered images at two
random locations along the welded length, showing a slightly wavy interface profile for a weld made
with a polyurethane internal support. Conditions for this welded sample: discharge energy = 14 kJ,
standoff distance = 1 mm, flyer tube diameter and wall thickness = 22.22 and 0.89 mm, target tube
diameter and wall thickness = 18.44 and 1 mm.

3. Theoretical Formulation

The EM field, H, around the coil and tube assembly in the MPW process, is obtained by solving
the Maxwell’s governing equation of the magnetic diffusion as [25,26]:

1
μσ
∇2H =

∂H
∂t

(1)

where, σ and μ represent the electrical conductivity and magnetic permeability. The resultant EM force,
F, over the flyer tube can be estimated as:

F = J×B (2)

where J = ∇×H = ∇× (B/μ), B and J refer to the magnetic flux density vector and the eddy current
density vector, respectively.

The dynamic impact analysis requires the application of a transient EM pressure on the flyer tube.
The transient EM pressure, p, on the flyer tube is therefore estimated using the EM force, F, as,

p =

δ∫
0

Fdt =

δ∫
0

− μ0μrH
∂H
∂r

dt =
1
2
μ0μr

(
H2

s −H2
p

)
(3)

where μ0 and μr refer to the relative magnetic permeability in the air and in the flyer tube. Hs and Hp

represent the magnetic field over the surface and at a depth δ, referred to as the skin depth of the flyer
tube [21]. The field intensity at a depth δ, where δ = 1/

√
μπfσ, is very small and hence neglected in

the present analysis.
Figure 2 shows schematically the solution domain, which is considered for the EM field analysis

with the density, relative permeability and electrical conductivity of air equal to 1.1614 kg/m3, 1 and
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zero, respectively. The solution domain is extended to 800 mm at all sides of the coil-tube assembly.
The EM field remains continuous within the solution domain and is represented as [27]:

ân · (B1 −B2) = 0, ân × (H1 −H2) = Js (4)

where ân is the unit vector normal to the surface, Js is the surface current density vector, B1 and B2 are
the magnetic flux density vectors at the coil cross-sections. H1 represents the magnetic field intensity
at the coil inner surface, interacting with the field shaper. H2 is the magnetic field intensity at the coil
outer surface. At the domain boundary, BC2 [Figure 2], the EM field intensity becomes negligible and
is represented as [27]:

ân · (H1 −H2) = 0 (5)

The numerical model for the EM field and the mechanical analysis is undertaken using the
finite-element software ANSYS (ver. 14.5). For the EM field analysis, a total of 174,000 three-dimensional
tetrahedral elements were used to discretize the solution domain (Figure 2), with the current density
vector as nodal input along the coil boundary and the EM field vector as the nodal degree of freedom.
The estimated EM pressure distribution is employed as boundary condition for the dynamic impact
analysis using a MATLAB-based code. The dynamic impact analysis includes the overlapping tubes
assembly, which was discretized with 125,000 solid hexahedral elements that can consider non-linear
constitutive models, which are presented in Appendix B. The computed results of the EM field and
dynamic impact analyses, along with the experimentally measured results, are illustrated in the
subsequent section.

4. Results and Discussions

Figure 7a,b represents the measured and estimated currents for two typical values of the discharge
energy of 14 and 16 kJ, which were utilized in the present work to prepare the welded samples.
The peak current for a discharge energy of 14 kJ was approximately equal to 197 kA at the time instant
of 13 μs. Likewise, the peak current for the discharge energy of 16 kJ was measured to be around
202 kA at the same time instant of 13 μs. The frequency of the discharge current was observed to be
approximately 17 kHz. The corresponding maximum values of the EM force were calculated to be
around 47.2 and 51.2 kN for a discharge energy of 14 and 16 kJ, respectively.

Figure 7. Experimentally measured and analytically estimated nature of the discharge current,
and numerically computed EM force for an applied energy of (a) 14 kJ and (b) 16 kJ.

Figure 8 shows the computed results of the EM field and pressure for an applied discharge energy
of 14 kJ at the time instant of 13 μs. The EM field vectors are distributed around the coil-field shaper
and the flyer-target tubular assembly, as shown in Figure 8a. The EM fields are concentrated around
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the flyer tube portion in the proximity of the field shaper internal surface, due to its shaped geometry.
The maximum values of the EM field and the eddy current density over the flyer tube surface were
calculated as 39.8 T and 5.8 × 1010 A/m2 at the time instant of 13 μs.

Figure 8. Numerically computed distribution of the maximum (a) EM field over the field shaper-tube
assembly, and (b) EM pressure over the flyer tube for an applied energy of 14 kJ.

Figure 8b shows the calculated EM pressure over the flyer tube at the time instant of 13 μs.
The estimated EM pressure remains circumferentially uniform, with the maximum value equal to
647 MPa, which corresponds with the maximum EM force of 47.2 kN for the discharge energy of 14 kJ.
The EM pressure on the flyer tube is maximal at its free end and decreases along its length beneath
the field shaper, resulting in an inward bending and oblique impact of the flyer on the target tube.
As the portion of the flyer bends and moves away from the field shaper, the EM field and pressure
distribution change. This results in a progressive oblique impact of the flyer onto the target tube along
their overlapping length. While Figure 8b shows the computed EM pressure distribution over the flyer
tube at the time instant of 13 μs, similar EM pressure distributions are extracted for multiple discrete
time-steps and used as input for the dynamic impact analysis of the tube assembly. The results of this
are presented in the text below.

Figure 9 shows the computed results of the progressive impact and deformation of the tube
assembly and, the flyer-target contact length at multiple consecutive time instants for an applied
discharge energy of 14 kJ. The colour bars under each figure represent the total plastic deformation
in mm, which is the resultant of the computed plastic deformations in the x-, y- and z- directions.
The calculated flyer-target contact length is determined by examining the deformed portion of the
flyer, which has impacted and remained in contact with the target tube under the influence of the EM
pressure. The actual contact is deemed to have established for the length of the continuous segment,
along which the vertical distance between the flyer and the target (i.e., the internal surface of the flyer
and the outer surface of the target) tubes is equal to zero. This calculated flyer-target contact length is
subsequently compared with the experimentally measured welded length.
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Figure 9. Computed results of the progressive impact and plastic deformation of the tube assembly
at the time instants of (a) 7 μs, (b) 9 μs, (c) 11 μs, (d) 17 μs, (e) 21 μs and (f) 26 μs for a discharge
energy of 14 kJ and with no internal support inside the target tube. (Initial conditions: wall thicknesses
of flyer = 0.89 mm and of target = 1 mm; standoff distance between flyer and target = 1 mm;
overlapping length between field shaper and flyer, Lw = 8 mm and free length of the flyer tube,
Lo = 15 mm).

Figure 9a shows that there is very little deformation of the flyer tube after 7 μs for a peak EM
field and pressure of 33.2 T and 441 MPa. At 9 μs, the typical inward bending of the flyer can be
observed, resulting in the calculated flyer-target contact length of around 1 mm for a peak EM field
and pressure of 36.1 T and 520 MPa (Figure 9b). The increase of the EM field and pressure is attributed
to the increase of the peak current at the time instants of 7 and 9 μs. The inward bending of the
flyer continues and the calculated flyer-target contact length increases further to 8 mm at the time
instant of 11 μs (Figure 9c). However, as the flyer moves away from the coil (field shaper), the peak
EM field and pressure are reduced to 35.6 T and 505 MPa. With further progress in time, at 17 μs,
the calculated flyer-target contact length increases to 11 mm. The inward deformation of the joint
assembly also increases to 2.5 mm, while the peak EM field and pressure are reduced to 32.6 T and
430 MPa, respectively (Figure 9d).

After 21 μs, the flyer-target assembly showed an increased inward deformation of 3.1 mm,
while the calculated flyer-target contact length remains the same as that at 17 μs, which is attributed to a
significantly reduced peak EM field intensity and pressure of 23.3 T and 216 MPa, respectively (Figure 9e).
As the time increases further, the target tube also experiences more deformation, resulting in further
inward distortion of the overall tubular assembly, as shown in Figure 9f. A greater inward deformation
of the tubular assembly especially at longer time durations can be attributed to the thinning of the
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tube walls and the consequent loss of stiffness of the tubular assembly. The computed results of the
deformed tubular assembly depict a maximum thinning of both the flyer and the target tube walls by
approximately 0.2 mm at the end of the flyer-target overlapping length.

The excessive inward plastic deformation of the tube assembly as shown in Figure 9f indicates
that MPW of tubes can lead to a significant distortion of the tube assembly. Lueg-Althoff et al. [17]
reported a similar range of plastic deformation for MPW of AA6060 flyer and AISI 1045 target tubes,
with the wall thickness of the target tube equal to 1 mm. These authors suggested the use of an internal
support to constrain the inward deformation of the joint assembly, while a further examination of the
influence of the internal support to improve the joint profile and quality was not undertaken.

Figure 10 shows the computed results of the progressive impact and deformation of the tube
assembly at multiple consecutive time instants when using a polyurethane internal support placed
inside the target tube. Figure 10a confirms a calculated contact length of 1 mm between the flyer and
the target tube at 9 μs. The peak EM field and pressure at 9 μs were calculated as 36.5 T and 529 MPa,
respectively. After 11 μs, the calculated flyer-target contact length increases to 8.5 mm (Figure 10b) for a
higher peak EM field and pressure of 37.9 T and 571 MPa, respectively. It is noteworthy in Figure 10a,b
that only the flyer experiences plastic deformation and that the target tube has suffered no inward
distortion. The calculated contact length between the flyer and the target tube increases further to
10.5 mm after 15 μs (Figure 10c). The computed values of the peak EM field and pressure at 15 μs
showed a drop to 33.6 T and 451 MPa, respectively.

Figure 10. Computed results of the progressive impact and plastic deformation of the tube assembly
at the time instants of (a) 9 μs, (b) 11 μs, (c) 15 μs, (d) 17 μs, (e) 21 μs and (f) 26 μs for an applied
discharge energy of 14 kJ and with a polyurethane internal support for the target tube. (Initial conditions:
wall thicknesses of the flyer = 0.89 mm and of the target = 1 mm; standoff distance between the flyer
and the target = 1 mm; overlapping width between the field shaper and the flyer, Lw = 8 mm and free
length of the flyer tube, Lo = 15 mm).
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After 17 μs, the computed flyer-target contact length shows a small increase to approximately
11.5 mm (Figure 10d), and the calculated values of the peak EM field and pressure show a further drop
to 32.2 T and 415 MPa, respectively. The calculated contact length between the flyer and the target
shows no further increase in the subsequent time instants of 21 μs (Figure 10e) and 26 μs (Figure 10f).
This is consistent with the continuing decrease of the peak EM field (~22 T) and pressure (~209 MPa)
at 21 μs, as a result of the inward bending of the flyer away from the field shaper. The computed
results show that the inward deformation of the tubular assembly starts late, at 15 μs (Figure 10c),
and the net deformation remains very small until the end (Figure 10f), which demonstrates the role
of the polyurethane internal support to enhance the stiffness of the target tube and to minimize the
deformation of the tube assembly. With the internal polyurethane support inside the target tube,
the computed results of the deformed tubular assembly depict a maximum thinning of the flyer tube
wall by around 0.17 mm and little or no thinning of the target tube wall.

Figures 11 and 12 show the longitudinal cross-section of the entire welded length and the
corresponding computationally obtained flyer-target deformed profile for different process conditions.
The welded length, which is judged based on the intimate contact using optical microscopy, is shown
by a thin red line in the experimentally observed macroscopic sections. The microscopic view of the
welded interface is also probed using SEM backscattered images at six to ten random locations along
the welded length for each tubular joint, as explained earlier (Figure 6).

Figure 11. Experimentally observed and computationally evaluated flyer-target joint cross-sections
for a discharge energy of 14 kJ (a–d) and 16 kJ (e–h), with a polyurethane internal support inside
the target tube. (Initial conditions: flyer-target standoff distance = 1 mm (a,b,e,f) and 2 mm (c,d,g,h);
flyer tube: diameter = 22.22 mm, wall thicknesses = 0.89 mm; target tube: wall thicknesses = 1 mm;
diameter = 18.44 mm (standoff distance = 1 mm), 16.44 mm (standoff distance = 2 mm)).
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Figure 12. Experimentally observed and computationally estimated flyer-target joint cross-sections
with a polyurethane internal support (a,b), and without any internal support (c–f) for the target
tube. (Initial conditions: discharge energy: 16 kJ (a,b,e,f), 14 kJ (c,d); flyer: diameter = 22.22 mm,
wall thicknesses = 0.89 mm; and target: diameter = 18.44 mm, wall thicknesses = 1 mm (a–d), 2 mm
(e,f); standoff distance = 1 mm).

Figure 11 shows the experimentally observed and the corresponding computationally obtained
joint cross-sections for a discharge energy of 14 and 16 kJ, and with the use of a polyurethane internal
support placed inside the target tube. Figure 11a,b shows that the length of the experimentally observed
welded interface and the corresponding calculated flyer-target contact length are approximately 8.3
and 11.5 mm, respectively, for a standoff distance of 1 mm and a discharge energy of 14 kJ. It is
noteworthy that the calculated flyer-target contact length is obtained from the deformed interface
of tubular assembly as a part of the mechanical analysis. The formation of the actual weld needs to
consider the jetting of the impurities from the flyer-target interface, and localized plastic deformation
creating mechanical interlock and atomic diffusion between the abutting surfaces of the flyer and
the target, which are beyond the scope of the dynamic mechanical analysis adopted in the present
work. As a result, the calculated flyer-target contact length remains always a little higher than the
corresponding length of the experimentally observed welded interface.

As the standoff distance increases to 2 mm, both the length of the experimentally observed
welded interface and the calculated flyer-target contact length decreases to 7.3 and 10 mm,
respectively (Figure 11c,d). The decreasing tendency of the contact length with an increase of the
standoff distance is also observed at the higher discharge energy of 16 kJ. For example, when the
standoff distance increases from 1 to 2 mm at a discharge energy of 16 kJ, the length of the experimentally
observed welded interface reduces from 7.3 to 6.3 mm (Figure 11e,g), and the corresponding calculated
flyer-target contact lengths are around 11.5 and 10.5 mm, respectively (Figure 11f,h).

For an increasing standoff distance, the flyer tends to impact onto the target at a higher velocity
and therefore the tubular assembly; in particular, the target tube suffers more plastic deformation,
which impairs the progressive growth of the calculated flyer-target contact length. A comparison of
Figure 11b,d clearly demonstrates the increasing deformation of the tubes when the standoff distance
is increased from 1 to 2 mm at a discharge energy of 14 kJ. A similar effect of the standoff distance is
also observed at the discharge energy of 16 kJ (Figure 11f,h). Overall, Figure 11 shows that an increase
of the standoff distance can lead to excessive plastic deformation of the tubes and adversely affects the
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joint formation. The presence of an internal support inside the target and the wall thickness of the
target tube also plays a significant role for restricting the deformation of the tubes.

Figure 12a,b shows the experimentally observed and calculated flyer-target joint cross-sections
with an internal polyurethane internal support. The length of the experimentally observed welded
interface and the calculated flyer-target contact length are approximately 7.3 and 11.5 mm, respectively,
for a standoff distance of 1 mm and a discharge energy of 16 kJ. The wall thickness of the target tube is
1 mm. In contrast, both the length of the experimentally observed welded interface and the calculated
flyer-target contact length are reduced to approximately 5.9 and 11 mm, respectively (see Figure 12c,d),
when no internal support is used inside the target tube. The reduction of the weld length is attributed
to the greater plastic deformation of the tubes when no internal support is used (Figure 12b,d).

For a target tube with a wall thickness of 2 mm and without any internal support, and a discharge
energy of 16 kJ, the length of the experimentally observed welded interface and the calculated
flyer-target contact length are approximately equal to 6.3 and 11 mm, respectively (Figure 12e,f).
A comparison of Figure 12a,b,e,f shows that the internal support has helped to produce a greater
welded length even with a target tube of smaller wall thickness of 1 mm (Figure 12a,b) in comparison
to that with a target tube of higher wall thickness of 2 mm (Figure 12a,b). However, a comparison
of Figure 12d,f shows that the tubular assembly without any internal support suffered a greater
inward deformation of 5.5 mm, with a target tube of 1 mm wall thickness in comparison to an inward
deformation of 3.8 mm with a target tube of 2 mm wall thickness, which can be attributed to higher
stiffness posed by the thicker target tube.

The underlying phenomena of the MPW process can be examined further by following the
progress of the formation of the welded interface in accordance with the flyer impact velocity and
angle, and the collision velocity between the flyer and the target. As the process is extremely fast,
the real-time monitoring of the welded interface, impact velocity and angle, and the collision velocity
are impossible. A computational process model is therefore a practical alternative to estimate these
values. Figure 13 presents the variation of the calculated flyer-target contact length, the flyer impact
velocity and angle, and the collision velocity for a discharge energy of 14 kJ and two different standoff
distances. Figure 13a shows that the computed impact velocity of the flyer ranges from 3.0 × 105 to
1.4 × 105 mm/s for a standoff distance of 1 mm. The corresponding experimentally measured value of
the impact velocity of the flyer is around 3.1 × 105 mm/s and shown in Figure 13a. When the standoff
distance is increased from 1 to 2 mm, higher values of the flyer impact velocity are obtained in the range
from 4.5 × 105 to 1.5 × 105 mm/s, with the corresponding measured value equal to 4.1 × 105 mm/s,
as shown in Figure 13b. Figure 13a,b also shows that the growth of the calculated flyer-target contact
length tends to slow down with an increase in time as the flyer impact velocity reduces.

When the flyer continues to impact onto the target in an oblique manner, knowledge of the
progressive variation of the flyer impact angle is very valuable. The collision velocity is a determining
factor for the occurrence of a jet which removes the surface impurities to promote the bonding between
the flyer and the target. Hence, an estimation of the variation of the collision velocity and the angle is
of importance. The nature of the collision velocity and its impact on the weld formation have been
studied well for explosive welding, which is similar to MPW and involves the impact between flyer
and target metallic parts at a certain angle. Yuan et al. [28] reported the maximum collision velocity to
be around 4.9 × 103 m/s during explosive welding of 4 mm thick AA6061 flyer sheets to magnesium
alloy target plates. Bataev et al. [29] observed that the typical collision velocity of approximately
3.8 × 103 m/s produced good joints during the explosive welding of 1 mm-thick AISI1006 flyer and
target sheets, while a much higher collision velocity of around 9.6 × 103 m/s resulted in welds with
humps and excessive plastic deformation.
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Figure 13. Computed values of the flyer-target contact length, the flyer impact velocity and angle and the
collision velocity as a function of time, for an applied discharge energy of 14 kJ with a polyurethane internal
support of the target tube. (Initial conditions: flyer: diameter = 22.22 mm, wall thicknesses = 0.89 mm;
and target: diameter = 18.44 mm, wall thicknesses = 1 mm; standoff distance between the flyer and the
target = 1 mm (a,c) and 2 mm (b,d)).

Figure 13c,d shows the computed results of the impact angle and collision velocity for two
different standoff distances (1 and 2 mm) as the calculated flyer-target contact length increases with
time. The flyer impact angle is calculated based on the deformed profile of the flyer at a certain time
instant. The collision velocity is computed as Vi/sinα, where Vi is the flyer impact velocity and α is
the impact angle at the end of the contact between the flyer and target [21]. For a standoff distance
of 1 mm, the collision velocity and the flyer impact angle are situated in the range from 4.3 × 106 to
0.5 × 106 mm/s, and from 4 to 16◦, respectively (Figure 13c). For an increase of the standoff distance to
2 mm, the flyer impact angles are higher, in the range from 8 to 27◦, and consequently, the collision
velocity values are reduced and are in the range from 3.3 × 106 to 0.3 × 106 mm/s (Figure 13d).
This clearly shows that it is recommended to use a smaller initial standoff distance between the flyer
and the target for the given tube dimensions and other process conditions.

For a higher discharge energy of 16 kJ, a standoff distance of 1 mm, and considering a polyurethane
internal support inside the target tube, similar calculations were performed to obtain the typical
ranges of the flyer impact velocity and angle, and the collision velocity. This resulted in 3.2 × 105 to
1.3 × 105 mm/s, 4 to 16◦ and, 4.5 × 106 to 0.5 × 106 mm/s, respectively. For an increase of the standoff
distance to 2 mm, the calculated flyer impact velocity and angle, and the collision velocity are found to
be in the range of 4.6 × 105 to 2.0 × 105 mm/s, 8 to 24◦ and, 3.3 × 106 to 0.4 × 106 mm/s, respectively.
A comparison of these quantitative estimations with those presented in Figure 13a–d shows that the
calculated ranges of the flyer impact velocity and angle, and the collision velocity remains almost the
same for an increase of the discharge energy from 14 to 16 kJ for both standoff distances of 1 and 2 mm.
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However, the increase of the calculated ranges of the flyer impact velocity and angle, and the collision
velocity for an increased initial standoff distance remained consistent for both values of the discharge
energy 14 to 16 kJ. A further set of modelling calculations for a target tube wall thickness of 1 and 2 mm
and considering the same process conditions but without a polyurethane internal support inside the
target tube also provided a similar range of computed values for the flyer impact velocity and angle,
and collision velocity. In other words, the polyurethane internal support inside the target has shown
little effect on the computed values of EM field and force, and on the resulting range of the flyer impact
velocity and angle, and the collision velocity. However, the presence of the polyurethane internal
support restricted the inward deformation of the tubular assembly and preserved its dimensional
consistency in all cases.

5. Conclusions

A detailed investigation of MPW of Cu-DHP flyer and 11SMnPb30 steel target tubes with and
without internal supports inside the target tube is performed, using a range of experimental conditions
determined by the discharge energy, the standoff distance, and the wall thickness of the target tubes.
The experimental observations and the computed results show that the standoff distance between
the flyer and target tubes significantly influences the progressive evolution of the impact of the flyer
onto the target and the resulting growth of the weld joint between the tubes. Although a target tube
with a little larger wall thickness can resist the internal deformation during impact better, the presence
of an internal support is a useful tool to preserve the original dimensions of the tubular assembly.
Overall, the concurrent theoretical and experimental results presented in this paper provide a useful
quantitative understanding of the collision behaviour between the flyer and target tubes during MPW
of tubular parts, using a typical bitter plate coil. The influence of the key processing conditions on the
evolution of the welded joint between the tubes with progress in time has been determined.

Based on the experimental observations and numerical modelling of MPW of Cu-DhP flyer
and 11SMnPb30 steel target tubes using a multi-turn coil assembly, the following conclusions can
be formulated.

• The initial standoff distance between the flyer and the target tube plays a crucial role and has a
significant influence on the progressive impact of the flyer onto the target, the collision behaviour
between the tubes and the evolution of the welded interface.

• The flyer tube tends to experience significant plastic deformation as it impacts onto the target.
It is necessary to use an internal support for MPW of thin-walled target tubes to avoid inward
plastic deformation of the tube assembly.

• For MPW of Cu-DhP flyer and 11SMnPb30 steel target tubes with a wall thickness of 1 to 2 mm,
the experimentally observed weld length ranged from 6.9 to 8.5 mm. The inward distortion of
the tubular assembly could be minimized significantly by using a polyurethane internal support
inside the target tube.

• The computational process model is able to predict the progress of the impact of the flyer onto the
target, the resulting flyer impact velocity and angle, and the collision velocity between the flyer
and target during the MPW process, which are usually impossible to measure using experimental
observations. Furthermore, the computed progress of the flyer-target contact length provided
a measure of the actual growth of the weld length, comparable to the reality, which cannot be
measured in real-time during the MPW process. The process simulation model can therefore be
considered as a valuable practical tool towards the design of the MPW process.
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Appendix A

Table A1. Process conditions and dimensions of coil and tubes assembly.

Legend Description Unit Value/Range

E Discharge energy kJ 14, 16
a Radial gap mm 1.14
s Standoff distance mm 1, 2

Lw Overlapping length between field shaper and flyer mm 8
L0 Free length of flyer tube mm 15
dg Flyer tube diameter mm 22.22
eg Wall thickness of flyer tube mm 0.89
dh Target tube diameter mm 16.44 to 18.44
eh Target tube wall thickness mm 1, 2
θ Field shaper taper angle degree 30

mb Coil plate width mm 12
mc Coil plate concentrated section width mm 8
mo Plate coil diameter mm 280
qo Field shaper outer diameter mm 97.5
qi Field shaper inner diameter mm 24.5
ql Field shaper outer width mm 80
qw Field shaper inner width mm 15

Appendix B

The dynamic mechanical behaviour of the Cu-DHP flyer, the 11SMnPb30 steel target and the S235
steel bolt (used inside the polyurethane tube for internal support) is described by the following relation,

σf =
[
A + B(εp)

n]⎡⎢⎢⎢⎢⎢⎣1 + C ln

⎛⎜⎜⎜⎜⎜⎝
.
ε

p

.
ε0

⎞⎟⎟⎟⎟⎟⎠
⎤⎥⎥⎥⎥⎥⎦
[
1−
( T− Tr

Tm − Tr

)m]
(A1)

where σf, T, Tr, Tm, εp,
.
ε

p
and

.
ε0 refer to the flow stress, the temperature variable, the reference

temperature, the melting temperature, the equivalent plastic strain, the equivalent plastic strain rate,
and the reference strain rate at Tr, respectively. The values of the materials constants A, B, C, n and
m are given in Table A2. The dynamic mechanical behaviour of polyurethane is described using the
Cowper–Symonds plasticity model, as follows,

σf =
[
A + B(εp)

n]
⎡⎢⎢⎢⎢⎢⎢⎢⎣1 +

⎛⎜⎜⎜⎜⎜⎝
.
ε

p

.
ε0

⎞⎟⎟⎟⎟⎟⎠
1/q⎤⎥⎥⎥⎥⎥⎥⎥⎦ (A2)

The values of the materials constants A, B, n, q and
.
ε0 for polyurethane are given in Table A2.
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Table A2. Material constants for different materials in Equations (A1) and (A2).

Variables Definition Cu-DHP 11SMnPb30 AISI1006 Polyurethane

A Initial flow stress (MPa) 90 350.30 350 11.05
B Hardening constant (MPa) 292 325.8 275 80
C Strain rate sensitivity 0.025 0.04 0.36 -
N Hardening exponent 0.31 0.90 0.022 0.7
.
ε0 Reference strain rate (s1) 1.0 1.0 1.0 971
M Thermal softening exponent 1.0 0.30 1 -
Tm Melting temperature (K) 1355 1673 1811
Q Strain rate exponent - - - 0.98

Polyurethane [30], Cu-DHP [10], 11SMnPb30 [10], AISI1006 [10].

Appendix C

Figure A1. B-H curve used to assign magnetic permeability of 11SMnPb30 steel.

References

1. Khalil, C.; Marya, S.; Racineux, G. Magnetic pulse welding and spot welding with improved coil
efficiency—Application for dissimilar welding of automotive metal alloys. J. Manuf. Mater. Process
2020, 4, 69. [CrossRef]

2. Uhlmann, E.; Prasol, L.; Zilfie, A. Potentials of pulse magnetic forming and joining. Adv. Mat. Res. 2014,
907, 349–364. [CrossRef]

3. Cuq-Lelandais, J.-P.; Avrillaud, G.; Ferreira, S.; Mazars, G.; Nottebaert, A.; Teilla, G.; Shribman, V. 3D impacts
modeling of the magnetic pulse welding process and comparison to experimental data. In Proceedings of
the 7th International Conference on High Speed Forming, Dortmund, Germany, 27–28 April 2016; pp. 13–22.

4. Pourabbas, M.; Abdollah-Zadeh, A.; Sarvari, M.; Movassagh-Alanagh, F.; Pouranvari, M. Roll of collision
angleduring dissimilar al/cu magnetic pulse welding. Sci. Technol. Weld. Join. 2020, 25, 549–555. [CrossRef]

5. Li, J.S.; Raoelison, R.N.; Sapanathan, T.; Hou, Y.L.; Rachik, M. Interface evolution during magnetic
pulse welding under extremely high strain rate collision: Mechanisms, thermomechanical kinetics and
consequences. Acta Mater. 2020, 195, 404–415. [CrossRef]

6. Niessen, B.; Schumacher, E.; Lueg-Althoff, J.; Bellman, J.; Bohme, M.; Bohm, S.; Tekkaya, A.E.; Beyer, E.;
Leyens, C.; Wagner, M.F.-X.; et al. Interface formation during collision welding of aluminium. Metals 2020,
10, 1202. [CrossRef]

7. Nahmany, M.; Shribman, V.; Levi, S.; Ashkenazi, D.; Stern, A. On additive manufactured AlSi10Mg to
wrought AA6060-T6: Characterization of optimal- and high-energy magnetic pulse welding conditions.
Metals 2020, 10, 1235. [CrossRef]

8. Cui, J.; Sun, G.; Xu, J.; Xu, Z.; Huang, X.; Li, G. A study on the critical wall thickness of the inner tube for
magnetic pulse welding of tube Al-Fe parts. J. Mater. Process. Technol. 2016, 227, 138–146. [CrossRef]

9. Patra, S.; Arora, K.S.; Shome, M.; Bysakh, S. Interface characteristics and performance of magnetic pulse
welded copper—Steel tubes. J. Mater. Process. Technol. 2017, 245, 278–286. [CrossRef]

22



J. Manuf. Mater. Process. 2020, 4, 118

10. Shotri, R.; Faes, K.; De, A. Magnetic pulse welding of copper to steel tubes-Experimental investigation and
process modeling. J. Manuf. Process. 2020, 58, 249–258. [CrossRef]

11. Abrahamson, G.R. Permanent periodic surface deformations due to a travelling jet. J. Appl. Mech.
Trans. ASME 1961, 28, 519–528. [CrossRef]

12. Kakizaki, S.; Watanabe, M.; Kumai, S. Simulation and experimental analysis of metal jet emission and weld
interface morphology in impact welding. Mater. Trans. 2011, 52, 1003–1008. [CrossRef]

13. Stern, A.; Becher, O.; Nahmany, M.; Ashkenazi, D.; Shribman, V. Jet composition in magnetic pulse welding:
Al-Al and Al-Mg couples. Weld. J. 2015, 94, 257s–264s.

14. Grubb, S.A. Coiled Tubing Lap Welds by Magnetic Pulse Welding. US 2015/0328712 AI, 19 November 2015.
15. Psyk, V.; Lieber, T.; Kurka, P.; Drossel, W.-G. Electromagnetic joining of hybrid tubes for hydroforming.

Procedia CIRP 2014, 23, 1–6. [CrossRef]
16. Yu, H.; Dang, H.; Qiu, Y. Interfacial microstructure of stainless steel/aluminium alloy tube lap joints fabricated

via magnetic pulsed welding. J. Mater. Process. Technol. 2017, 250, 297–303. [CrossRef]
17. Lueg-Althoff, L.; Bellman, J.; Hahn, M.; Schulze, S.; Gies, S.; Tekkaya, A.E.; Beyer, E. Joining of dissimilar

thin-walled tubes by magnetic pulse welding. J. Mater. Process. Technol. 2020, 279, 116562. [CrossRef]
18. Lueg-Althoff, J.; Lorenz, A.; Gies, S.; Schulze, S.; Weddling, C.; Goebel, G.; Tekkaya, A.E.; Beyer, E.

Magnetic pulse welding by electromagnetic compression: Determination of impact velocity. Adv. Mat. Res.
2016, 966–967, 489–499. [CrossRef]

19. Fan, Z.; Yu, H.; Li, C. Plastic deformation behavior of bi-metal tubes during magnetic pulse cladding:
FE analysis and experiments. J. Mater. Process. Technol. 2016, 229, 230–243. [CrossRef]

20. Guigliemetti, A.; Burion, N.; Marceau, D.; Rachik, M.; Volat, C. Modelling of tubes magnetic pulse welding.
Conf. Eng. Syst. Des. Anal. 2012, 11, 1–12.

21. Shotri, R.; Racineux, G.; De, A. Magnetic pulse welding of metallic tubes-experimental investigation and
numerical modelling. Sci. Technol. Weld. Join. 2019, 25, 273–281. [CrossRef]

22. Cui, J.; Li, Y.; Liu, Q.; Zhang, X.; Xu, Z.; Li, G. Joining of tubular carbon-fiber-reinforced plastic/aluminium by
magnetic pulse welding. J. Mater. Process. Technol. 2019, 264, 272–282. [CrossRef]

23. Faes, K.; Kwee, I.; Waele, W.D. Electromagnetic pulse welding of tubular products: Influence of process
parameters and workpiece geometry on the joint characteristics and investigation of suitable support systems
for the target tube. Metals 2019, 9, 514. [CrossRef]

24. Overview of Materials for Thermoset Polyurethane, Elastomer, Unreinforced. Available online: www.
matweb.com (accessed on 28 July 2020).

25. Chari, M.V.K.; Salon, S.J. Numerical Method in Electromagnetic; Academic Press: San Diego, CA, USA, 2000;
pp. 1–60. ISBN 0-12-615760-X.

26. Sadiku, M.N.O.; Kulkarni, S.V. Principle of Electromagnetics, 6th ed.; Oxford University Press: New Delhi, India,
2015; pp. 383–480.

27. NPTEL. Boundary Conditions for Electromagnetic Field, Electromagnetic Field. 2009. Available online:
nptel.ac.in (accessed on 20 July 2018).

28. Yuan, X.; Wang, W.; Cao, X.; Zhang, T.; Xie, R.; Liu, R. Numerical study on the interfacial behavior of Mg/Al
plate in explosive/impact welding. Sci. Eng. Compos. Mater. 2017, 24, 581–590. [CrossRef]

29. Bataev, I.A.; Tanaka, S.; Zhou, Q.; Lazurenko, D.V.; Jorge Junior, A.M.; Bataev, A.A.; Hokamoto, K.; Mori, A.;
Chen, P. Towards better understanding of explosive welding by combination of numerical simulation and
experimental study. Mater. Des. 2019, 169, 107649. [CrossRef]

30. Jamil, A.; Guan, Z.W.; Cantwell, W.J.; Zhang, X.F.; Langdon, G.S.; Wang, Q.Y. Blast response of
aluminium/thermoplastic polyurethane sandwich panels—Experimental work and numerical analysis.
Int. J. Impact Eng. 2019, 127, 31–40. [CrossRef]

Publisher’s Note: MDPI stays neutral with regard to jurisdictional claims in published maps and institutional
affiliations.

© 2020 by the authors. Licensee MDPI, Basel, Switzerland. This article is an open access
article distributed under the terms and conditions of the Creative Commons Attribution
(CC BY) license (http://creativecommons.org/licenses/by/4.0/).

23





Manufacturing and
Materials Processing

Journal of

Article

Influence of Material Properties on Interfacial Morphology
during Magnetic Pulse Welding of Al1100 to Copper Alloys and
Commercially Pure Titanium

Shunyi Zhang and Brad L. Kinsey *

Citation: Zhang, S.; Kinsey, B.L.

Influence of Material Properties on

Interfacial Morphology during

Magnetic Pulse Welding of Al1100 to

Copper Alloys and Commercially

Pure Titanium. J. Manuf. Mater.

Process. 2021, 5, 64. https://doi.org/

10.3390/jmmp5020064

Academic Editor: Steven Y. Liang

Received: 7 May 2021

Accepted: 11 June 2021

Published: 18 June 2021

Publisher’s Note: MDPI stays neutral

with regard to jurisdictional claims in

published maps and institutional affil-

iations.

Copyright: © 2021 by the authors.

Licensee MDPI, Basel, Switzerland.

This article is an open access article

distributed under the terms and

conditions of the Creative Commons

Attribution (CC BY) license (https://

creativecommons.org/licenses/by/

4.0/).

Department of Mechanical Engineering, University of New Hampshire, Durham, NH 03824, USA;
sz1008@wildcats.unh.edu
* Correspondence: brad.kinsey@unh.edu

Abstract: During magnetic pulsed welding (MPW), a wavy interface pattern can be observed.
However, this depends on the specific material combination being joined. Some combinations, e.g.,
steel to aluminum, simply provide undulating waves, while others, e.g., titanium to copper, provide
elegant vortices. These physical features can affect the strength of the joint produced, and thus a
more comprehensive understanding of the material combination effects during MPW is required.
To investigate the interfacial morphology and parent material properties dependency during MPW,
tubular Al1100 and various copper alloy joints were fabricated. The influence of two material
properties, i.e., yield strength and density, were studied, and the interface morphology features were
visually investigated. Results showed that both material properties affected the interface morphology.
Explicitly, decreasing yield strength (Cu101 and Cu110) led to a wavy interface, and decreasing
density (Cu110 and CP-Ti) resulted in a wave interface with a larger wavelength. Numerical analyses
were also conducted in LS-DYNA and validated the interface morphologies observed experimentally.
These simulations show that the effect on shear stresses in the material is the cause of the interface
morphology variations obtained. The results from this research provide a better fundamental
understanding of MPW phenomena with respect to the effect of material properties and thus how to
design an effective MPW application.

Keywords: magnetic pulse welding; material properties; interface morphology; numerical analysis

1. Introduction

Electromagnetic forming (EMF) process has been known and applied for several
decades [1]. In the EMF process, a large amount of energy on the order of tens of kilojoules
is charged to a capacitor bank and then dissipates to a designed coil in the form of sinusoid
damped current trace. A magnetic field is generated around the coil, and eddy currents
are induced in the nearby conductive workpiece. Thus, the repulsive Lorentz forces are
generated between the coil and workpiece, which is driven away and reaches a velocity of
hundred meters per second in less than 1 ms. Due to the dynamic nature of this process,
the workpiece formability can be improved. The other benefits of EMF include reduced
material wrinkling and springback, high repeatability, improved dimensional accuracy, etc.

One of the main applications of EMF is magnetic pulse welding (MPW), a solid-
state welding technology, which has rapidly developed in recent four decades. The most
outstanding feature of solid-state welding is that there is no significant heat-affected zone
(HAZ) generated after welding. Hence, a stronger weld seam than the parent materials is
obtained, unlike the fusion welding processes, which usually degrades the joint strength
and causes residual stress with consequent cracking and corrosion issues. MPW can also
be used to weld dissimilar materials regardless of their differences in the melting point,
thermal expansion, and thermal conductivity.

J. Manuf. Mater. Process. 2021, 5, 64. https://doi.org/10.3390/jmmp5020064 https://www.mdpi.com/journal/jmmp
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Interface morphology has been seen as one of the significant expressions of welding
quality in impact welding processes. Previous researchers have published many works on
the influences of process parameters on interface morphologies. Vivek et al. [2] studied in-
terface wavelengths dependency on impact velocities and impact angles during vaporized
foil actuator welding (VFAW) for the titanium and copper material system. The authors
investigated the impact angle effects by pre-setting angled grooves on the target metals,
and used various charging energies to drive the flyer, which impacts the target, at different
impact velocities. Lee et al. [3] used a similar method to investigate process parameters for
another material combination, aluminum, and steel, and conducted numerical analyses
to support their experimental findings. In addition, Nassiri et al. [4] reported a robust
numerical method to predict the interface morphology by investigating impact welding
processes between titanium and copper alloys.

For tubular MPW processes, the effect of flyer kinetics was proposed for an Al6060 and
C45 material combination in [5]. Raoelison et al. [6] used the same material for both flyer
and target to investigate the welding conditions and predicted the interface morphology
using the Eulerian method in ABAQUS. For the material combination of Aluminum and
steel, Cui et al. [7] reported the dependence of high-quality welding of MPW on the wall
thickness of the targets. A theoretical model based on Tresca yield criterion was also
provided to verify the experimental findings. The quality of welding was also examined
by peeling tests. The fatigue resistance and weld area of Al-Fe parts were investigated
in [8]. The results indicated that the fracture occurred in the transition zone of the weld
seam under a cyclic loading condition due to the relatively weaker strength and ductility
of the materials in this area. Lueg-Althoff et al. [9] studied the relationship between the
materials wall thicknesses and impact pressure for multiple material combinations during
MPW. Dependency of the tension and torsion strengths of welded parts between Al3003
and steel for various discharge voltages during MPW was investigated by Yu et al. [10].
The metallurgical joint was only obtained within a specific voltage range, and the element
content of the joint was analyzed. Ben-Artzy et al. [11] attributed the wave formation at
the interface to the elastic stress waves caused by the impact during MPW process. The
stress waves travelled through both metals away from the interface and reflected back off
of the outer surfaces.

Although researchers experimentally and numerally investigated various process
parameters’ effects on interface morphology and welding quality, the effects of material
properties have drawn less attention. Thus, a more comprehensive understanding of
the material combination effects during MPW is required. To investigate the interfacial
morphology and parent material properties dependency during MPW, tubular Al1100, and
two copper alloys, Cu101 and Cu110, as well as commercially pure Titanium (CP-Ti grade
2) joints were fabricated. The influence of two material properties, i.e., yield strength and
density, was studied, and the interface morphology features were visually investigated.
Results showed that both material properties affected the interface morphology. Numerical
analyses were also conducted in LS-DYNA and validated the interface morphologies
observed experimentally. These simulations show that the effect on the shear stresses in
the material is the cause of the interface morphology variations we obtained.

2. Material Property Data

The material properties for the copper alloys and CP-Ti were tested on an MTS
landmark servo-hydraulic test machine with a force capacity of 250kN. The specimens
for the tensile tests were manufactured according to ASTM E-8 standards [12]. Figure 1
shows the dimensions of the specimens, and Figure 2 shows the tensile test setup on the
MTS machine with a 3D Digital Image Correlation (DIC) system. DIC is an image analysis
method that measures deformations of the specimen under load in three dimensions by
using a speckle pattern and stereoscopic camera setup. The position of the speckle points
on the specimen is used to calculate strain on the surface of the specimen based on the
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imaging parameters and orientation of the cameras [13]. For our tests, the DIC parameters
used were a subset size of 19 pixels, a step size of 5 pixels, and a filter size of 5 pixels.

Figure 1. Dimensions of tensile test specimen (a) top, (b) front, and (c) side.

 
Figure 2. Tensile tests on MTS machine with DIC system.

Figure 3 shows the flow curves of Cu101, Cu110, and CP-Ti that were used in the
MPW experiments. All three materials were heat-treated before being used in tensile tests
and MPW. Table 1 shows the heat treatment information for the copper alloys and CP-Ti.
As shown in Figure 3, the yield strengths of Cu101, Cu110, and CP-Ti, determined by
the 0.2% offset method, were clearly different, and better material formability was also
shown for copper alloys compared to CP-Ti that had a lower material density. The chemical
composition of copper alloys and CP-Ti are given in Tables 2 and 3, respectively.
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Figure 3. Tensile test results of Cu11 Cu101, and CP-Ti and Johnson-Cook models.

Table 1. Heat treatment information of each material.

Material Temperature (F) Duration (h) Cooling

Cu110 650 2 Water
Cu101 650 2 Water
CP-Ti 1200 2 Air

Table 2. Chemical composition of copper alloys, % by weight.

Material Copper Oxygen

Cu110 99.9 0.04
Cu101 99.9 0.0005

Table 3. Chemical composition of CP-Ti, % by weight.

Material Titanium Oxygen Carbon Nitrogen Iron Hydrogen

CP-Ti 99.31 0.25 0.1 0.03 0.3 0.015

Three uniaxial tension specimens for each material were tested to verify the repeata-
bility of the material properties. These results were plotted on top of each other in the
same color but different line types in Figure 3. The dashed line with a different color on
each material flow curve represented the fitted Johnson–Cook material model. Finally, the
magenta dotted line was fictitious CP-Ti with the yield strength of Cu110, which was used
in the simulations to investigate the yield strength effect for CP-Ti. The Johnson–Cook [14]
material model parameters are given in Table 4.

Table 4. Johnson–Cook material model parameters, Al1100 [15], Copper alloys [16], CP-Ti [17].

Material A (MPa) B (MPa) n C m Tm (K)

Al1100 17 324 0.25 0.2 0.7 933
Cu110 117 389 0.43 0.025 1.09 1356
Cu101 211 448 0.43 0.025 1.09 1356
CP-Ti 491 507 0.45 0.0194 0.58 1941
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2.1. Yield Strength

The first material property investigated was yield strength of target materials. Two
heat-treated copper alloys, Cu101 and Cu110, were selected as the targets in this portion of
the study, as they shared similar properties after heat treatment except for yield strength
(see Figure 3). In addition, CP-Ti was also used as the target. To compare the interface of
Al1100 & CP-Ti, a fictitious CP-Ti with low yield strength was used in numerical analyses.

2.2. Density

The effect of target material density on the interface morphology was also investigated.
In this case, Cu110 was used as the target. A fictitious material with the same material
properties of Cu110 except density was also used as a comparison in simulations.

3. Experimental Setup and Results

The experimental tests were conducted on a Maxwell Magneform JA7000 machine
with a maximum energy capacity of 12 kJ. Other characteristics of the machine are given
in Table 5. A four-turn spiral coil was used in this study, along with a field shaper to
concentrate the magnetic field generated (see Figure 4). Since the inner surface of the field
shaper was much smaller than the outer surface, the magnetic pressure was concentrated
in the radial direction and uniformly distributed along the circumferential direction [18].
The axial length of the pressure concentration zone of the field shaper was 10 mm and the
inner diameter was 25.4 mm. The primary currents were measured by a Powertek CWT
3000B Rogowski coil, and impact velocities were measured by a PDV system. The PDV
laser signal was focused on the outer surface of the flyer. A Doppler-shifted light was
produced by the moving surface of the flyer during MPW, then combined with the incident
light signal to produce a beat frequency, which is proportional to the velocity of the moving
surface [19]. A small hole was drilled into the field shaper to provide a line of sight for the
PDV laser probe (see Figure 4b). The outputs of the laser detector and Rogowski coil were
recorded by a LeCroy WaveSurfer WS64MXS-B oscilloscope. A workpiece holder was used
to keep both the flyer and target in position and concentric to each other.

Table 5. Characteristics of the pulse generator.

Machine
Maximal Charging

Energy (kJ)
Maximal Charging

Voltage (kV)
Capacitance (μF)

Internal Inductance
(nH)

Internal Resistance
(mΩ)

Maxwell Magneform
JA7000 12 8.165 360 72 4.38

To investigate the effect of a single material property on the interface morphology,
process parameters were kept unchanged. The targets were impacted by the same flyer
material Al1100, at the same impact velocity of 315 m/s (see Figure 5). The error bars in
Figure 5 represent the highest and lowest values measured for the nine tests conducted. The
gap distance was 3.4 mm, the outer diameter of the flyer was 25.4 mm, the wall thickness
was 1.4 mm. The targets were solid shafts with a 15.9 mm diameter.

Figure 6 shows the interface morphologies after MPW at an energy level of 4.2 kJ.
A flat interface was obtained between Al1100 and Cu101, while a regular wave occurred
between Al1100 and Cu110 (see Figure 6a,b). As shown in Figure 3, the yield strengths
of these two annealed copper alloys were clearly different, i.e., 220 MPa versus 135 MPa
for Cu101 and Cu110, respectively. At the same time, the other material properties such
as Young’s modulus, density, and work hardening behavior, were comparable. For this
material combination, the target with a lower yield strength resulted in a joint with a wavy
interface, while the target with a higher yield strength led to a flat interface.
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Figure 4. (a) Experimental setup and PDV system, (b) schematic of coil, field shaper, and workpieces.

Figure 5. Velocity measured by PDV system.

30



J. Manuf. Mater. Process. 2021, 5, 64

 
Figure 6. Interface morphology difference, experiments: (a) Al1100 & Cu110, (b) Al1100 & Cu101, (c) Al1100 & CP-Ti, SPH:
(d) Al1100 & Cu110, (e) Al1100 & Cu101, (f) Al1100 & CP-Ti.

Figure 6c shows the interface between Al1100 and CP-Ti. According to the data in
Figure 3, CP-Ti has the highest yield strength; however, an irregular wave interface with a
small wavelength was obtained due to the differences in material ductility (see Figure 3)
and density, as CP-Ti had a lower density of 4510 kg/m3 compared to 8910 kg/m3 for the
copper alloys. Figure 6d–f are numerical results, which are in good agreement with each
experimental observation, respectively. The next section will provide details related to
these numerical simulations.

4. Numerical Simulations

4.1. Electromagnetic Forming

Finite element analyses of EMF and MPW processes were conducted using LS-DYNA,
as their electromagnetism (EM) model is capable of capturing the effects of tube deforma-
tion on the magnetic fields in proximity to the coil. Process parameters in the numerical
simulations were the same as in experimental tests, i.e., the dimensions and geometries
of the coil, field shaper, and workpieces were defined as those in the experimental tests.
Figure 7 shows the EMF model set up in LS-PREPOST. The material properties of the tube
were described by the Johnson–Cook material model:

σ =
(

A + Bεn
p

)
(1 + Cln

.
εp
.

ε0
)(1 − (

T − Tr

Tm − Tr
)m) (1)

where σ is the flow stress, εp is the plastic strain, and
.

εp the effective plastic strain rate,
.

εp0 is the reference plastic strain rate, m, n, A, B, and C are the material constants, and Tm
and Tr are the melting and room temperature, respectively. The coil and field shaper were
modeled as rigid bodies. The current traces used in the simulations were measured by the
Rogowski coil. The model contained 70,000 elements in total. A finer mesh was defined
in regions close to surfaces to capture the skin depth effects. Table 6 gives the material
properties used in these simulations. Electrical conductivities were only defined for the
field shaper and flyer, which were Al1100 and copper, respectively.
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Figure 7. EMF model defined in LS-PREPOST (a) 3D model, (b) cross-section.

Table 6. Selected material properties used in the simulations.

Materials Young’s Modulus (GPa) Density (kg/m3)
Electrical

Conductivity (S/m)

Al1100 75 2700 3.77 × 107

Copper 120 8910 5.96 × 107

CP-Ti 116 4510 -

First, EMF simulations were conducted to determine the desired gap between the
flyer and target to achieve the peak velocity at impact during MPW and the corresponding
charging energy level. Figure 8 shows the comparisons of experimental and numerical
velocities and displacements of the flyer. The blue lines represent the peak velocities
corresponding to the left Y-axis. The right Y-axis shows the displacements at peak velocities
and corresponds to the red lines in the figure. To investigate the effect of yield strength on
the interface, a 4.2 kJ charging energy was chosen, where the flyer travelled approximately
3.4 mm and reached a peak velocity of 315 m/s. While the velocity is still increasing in
Figure 8, the displacement is leveling off at 4.2 kJ. In addition, wrinkling was occurring in
the tube at higher charge energies. Therefore, higher charge energies were not investigated.
The current trace for a 4.2 kJ energy discharge is shown in Figure 9, with only the first cycle
included. Based on the displacement data in Figure 5, the deformation is clearly finished
by 90 μs.

Figure 8. Peak velocities and corresponding displacements.
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Figure 9. Current trace for 4.2 kJ charging energy.

4.2. Impact Welding

To accurately capture the wavy morphology at the interface, numerical simulations
for impact welding were also conducted in LS-DYNA using the smoothed particle hydro-
dynamics (SPH) method, which is able to analyze the problem of large local deformations,
which occur at the interface during MPW. A 2D, axisymmetric SPH analysis in LS-DYNA
was used to reduce the computational time. A simplified model was set up in LS-PREPOST
for this study (see Figure 10). A flat interface is created in the very center of the flyer and
base material interface, where the initially parallel materials first collide during impact
welding. As the process progresses, an impact angle is created away from the center of
the process, and the wavy interface occurred. In the numerical model, only the portion of
the process where the wavy interface occurred was simulated. Thus, the angle between
the flyer and target was fixed at 14◦ in the model based on [20]. The length for both target
and flyer was 10 mm. The thicknesses were 1.4 mm and 2 mm for the flyer and target,
respectively. The impact velocity used in the model was obtained from experimental tests
by PDV system, i.e., 315 m/s. The SPH particle size was defined as 5 μm to capture the
interface morphology.

 

Figure 10. SPH model defined in LS-PREPOST.

Numerical results of the effect of target yield strengths are shown in Figure 6d,e.
Comparable interface morphologies were observed both in experimental and numerical
results. A relatively flat interface occurred when using Cu101 as the target, while the wavy
interface was obtained in the case of using Cu110, which has a lower yield strength.

To investigate the density effect for Cu110 and yield strength effect for CP-Ti, two
fictitious materials were created in the numerical simulations. The first material shared
the material properties of Cu110, but the density was defined as 4510 kg/m3, i.e., that
of CP-Ti, and the second shared the material properties of CP-Ti except for the yield

33



J. Manuf. Mater. Process. 2021, 5, 64

strength, which was set to be the same as Cu110 (see Figure 3). Figure 11a,b shows the
interface morphology comparison of Al1100 & Cu110 and the fictitious Cu110 with the
CP-Ti density. Figure 11c,d shows the interface morphology comparison of Al1100 & CP-Ti
and the fictitious CP-Ti with the Cu110 yield strength. A similar trend occurred for both of
these results, i.e., the target with lower density (Figure 11b) and the target with a lower
yield strength (Figure 11d) led to an interface with a larger wavelength. Figure 11b,d is the
interfaces for the two fictitious target materials with the same density (4510 kg/m3) and
yield strength (Cu110 yield strength), but the interfaces with different wavelengths were
obtained. This was caused by the dissimilarity in material hardening behavior, various
equations of state (e.g., speed of sound) for the Johnson–Cook material model, and slight
differences in the Young’s moduli of these two materials.

Figure 11. Interface morphologies of Al1100 & (a) Cu110, (b) fictitious Cu110 with the density of
CP-Ti, (c) CP-Ti, and (d) fictitious CP-Ti with the yield strength of Cu110.

5. Discussion

Process parameters such as shear velocity, shear stress, and contact pressure were
investigated in the numerical simulations to understand why lower yield strength and
lower density resulted in differences in the wavy interface for these material combinations
during MPW. Figure 12 shows the shear stresses at the same time increment for the material
combinations of Al1100 & Cu110, Al1100 & Cu101, Al1100 & CP-Ti, Al1100 & CP-Ti with
Cu110 yield strength, and Al1100 & Cu110 with CP-Ti density. Past research has shown that
the shear stress is one of the reasons for the intense local deformation in proximity to the
collision point, which leads to a wavy interface [21]. As shown in Figure 12, the shear stress
concentrated more on the target side in proximity of the collision point when the target yield
strength was lower, i.e., Figure 12a,b,d. Thus, a wavy interface was easier to create as the
local deformation near the collision point occurred due to the larger shear stress difference
between the region near the collision point and the other areas of the target. Despite
having the largest shear stress in the target material, a wavy interface was also observed
in CP-Ti, e.g., compared to Cu101, due to the other material properties that affect this
behavior. Furthermore, based on the theory of Kelvin-Helmholtz instability, the interfacial
wavelength is proportional to the depth of the plastically deformed layer. Specifically, the
target with lower yield strength was more easily deformed at the interface under the same
impact velocity. Thus, in this study, the change in the interfacial morphology was clearly
associated with the target yield strength.
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Figure 12. Shear stresses at the interfaces for Al1100 & (a) Cu110, (b) fictitious Cu110 with the density
of CP-Ti, (c) CP-Ti, (d) fictitious CP-Ti with the yield strength of Cu110, and (e) Cu101.

Figure 13 shows the shear velocities at the interfaces. For each case, there is not a clear
difference in shear velocity, which is a parameter that is mainly affected by the impact
velocity. Note that the impact velocity was the same in each experiment and numerical
simulation in this study. Therefore, there is no effect of shear velocity on the wavy interface
observed. In Figure 14, the contact pressure is shown for the various cases investigated. The
images for the copper alloys with the corresponding appropriate densities, i.e., Figure 14a
for Cu110 and Figure 14e for Cu101, show higher contact pressure values due to their higher
densities compared to the plots with CP-Ti densities, i.e., Figure 14b–d. The contact pressure
is known to be affected by the speed of sound in the material (with CP-Ti being 15% larger
than that of copper alloys, i.e., 4140 m/s versus 3570 m/s, respectively) and density [4].
Thus, the variations in the wavy interface do not correlate to the contact pressure. The fact
that shear velocity and contact pressure, i.e., Figures 13 and 14 respectively, do not show
an effect on the wavy interface morphology is a noteworthy finding.

 

Figure 13. Shear velocities at the interfaces for Al1100 & (a) Cu110, (b) fictitious Cu110 with the
density of CP-Ti, (c) CP-Ti, (d) fictitious CP-Ti with the yield strength of Cu110, and (e) Cu101.
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Figure 14. Contact pressures at the interfaces for Al1100 & (a) Cu110, (b) fictitious Cu110 with the
density of CP-Ti, (c) CP-Ti, (d) fictitious CP-Ti with the yield strength of Cu110, and (e) Cu101.

6. Conclusions

In this research, results show the effect of material properties on interface morpholo-
gies during MPW. Numerical analyses were in good agreement with the experimental
observations, i.e., interface morphologies, thus allowing for process parameters that cannot
be physically measured to be investigated. Both experimental measurements and numeri-
cal predictions for velocity and displacement determined the gap distance and energy level
to use for each case. For the material combination of Al1100 and annealed copper alloys, a
lower yield strength of the target led to a joint with a wavy interface, while a flat interface
was obtained for the target with a higher yield point. Using CP-Ti, i.e., a target with lower
density and higher yield strength, an interface with smaller waves was obtained in the
experiments and numerical simulations. Two fictitious materials were also modeled in
simulations to further assess the effects of varying process parameters. Numerical results
using CP-Ti material parameters, except for the yield strength of Cu110, as the target and
Cu110 material parameters, except for the density of CP-Ti, were compared to that of the
actual CP-Ti and Cu110 materials, respectively. Using both the fictitious materials (CP-Ti
with Cu110 yield strength, and Cu110 with CP-Ti density) resulted in a wavy interface with
larger wavelengths than their comparison partners. These results provide insight into the
material properties that affect the wavy interface during MPW.
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Abstract: By means of magnetic pulse welding (MPW), high-quality joints can be produced without
some of the disadvantages of conventional welding, such as thermal softening, distortion, and other
undesired temperature-induced effects. However, the range of materials that have successfully been
joined by MPW is mainly limited to comparatively soft materials such as copper or aluminum. This
paper presents an extensive experimental study leading to a process window for the successful MPW
of aluminum alloy 6016 (AA6016) to hardened 22MnB5 steel sheets. This window is defined by the
impact velocity and impact angle of the AA6016 flyer. These parameters, which are significantly
dependent on the initial gap between flyer and target, the charging energy of the pulse power
generator, and the lateral position of the flyer in relation to the inductor, were determined by a
macroscopic coupled multiphysics simulation in LS-DYNA. The welded samples were mechanically
characterized by lap shear tests. Furthermore, the bonding zone was analyzed by optical and scanning
electron microscopy including energy-dispersive X-ray spectroscopy as well as nanoindentation. It
was found that the samples exhibited a wavy interface and a transition zone consisting of Al-rich
intermetallic phases. Samples with comparatively thin and therefore crack-free transition zones
showed a 45% higher shear tensile strength resulting in failure in the aluminum base material.

Keywords: magnetic pulse welding (MPW); AA6016; aluminum; 22MnB5; press-hardening steel;
interface characterization

1. Introduction

Magnetic pulse welding (MPW), which was initially suggested by Lysenko et al. in
1970 [1], is an innovative technology for manufacturing metallic bonds of similar and
dissimilar metals [2]. The setup of the process, which is based on the electromagnetic
forming technique [3], consists of the pulsed power generator, the inductor (i.e., the tool),
the workpieces to be joined to each other, and additional elements, ensuring that the
workpieces are positioned with a defined small gap between them. The pulsed power
generator provides storage and a quick release of energy. The most important machine
components are the charging units, capacitor banks, high current switches, and control
devices [4]. Pereira et al. [5] present an optimized machine, allowing the production of joints
with lower energy than commercial machines. The inductor typically consists of a winding,
which is embedded in an insulating and reinforcing housing material. Frequently, an
additional fieldshaper focuses the acting loads onto the joining zone. Inductor winding and
fieldshaper are typically made of a material of high electrical conductivity and acceptable
mechanical strength such as CuCrZr or CuBe alloys [6]. Principally, the same machines and
very similar tools can be used for MPW, for electromagnetic forming [3], for electromagnetic
impact medium forming [7] or for electromagnetic acceleration of punches, e.g., for the
determination of material characteristics up to very high strain rates of 104 s−1 [8].
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Basically, MPW uses the Lorentz forces of induced currents to accelerate one of the
joining partners to velocities at a magnitude of up to several hundreds of meters per
second [9]. The impact of this joining partner (the so-called flyer) to the second, typically
static, partner (the so-called target) leads to bonding in a defined zone if the collision
parameters are appropriate.

Typical process variants of MPW specifically include the welding of tubes to solid [10]
or hollow [11] internal parts, as well as the welding of sheets to sheets [12] and sheets
to profiles [13]. Welding of tubes to hollow internal parts typically requires a support in
order to reduce undesired deformations. This can be a rigid body [11] or an elastomer [14].
New developments in the field of sheet metal welding deal with the adaptation of the
technology to spot welding [15].

Figure 1 shows the principle sketch of an exemplary setup for electromagnetic sheet
metal welding. Here, an equivalent circuit diagram represents the pulsed power generator.
The U-shaped tool coil is connected to this machine so that a damped sinusoidal current
flows through the coil when the high-current switch is closed and the capacitor battery
is discharged. Due to the different widths and cross section shapes of the branches of
the coil, the current density differs significantly. It is high in the narrow branch (i.e., the
active side of the inductor), which is positioned close to the area of the workpiece that
is to be welded and significantly lower in the wider branch (i.e., the passive side of the
inductor). Consequently, the magnetic field, the induced current in the workpiece, and
the acting Lorentz forces are much higher in the region of the active side of the inductor
when compared to the region of the passive side of the inductor. The Lorentz force ratio
corresponds to the inverse ratio of the local conductor width. This strategy for adjusting
the force distribution acting on the workpiece was initially suggested in [16] and applied to
the electromagnetic forming of sheet metal in [17] and to an electromagnetic tube forming
process in [18]. A very similar coil for MPW of sheet metal is used in [19]. The Lorentz
forces acting on the workpiece initiate the deformation of the flyer sheet. In the case
depicted in Figure 1, the edge of the workpiece bends downwards towards the target
and impacts on the target, when it overcomes the initial distance between the two joining
partners. Starting from the first contact in the area of the flyer edge, the flyer aligns to the
target and the collision point moves along the surface with a collision point velocity vc.
During this process, the impact angle α and the impact velocity vp vary with the position
of the collision point [20]. The equations in Figure 1 describe the correlations between the
impact angle, the impact velocity, the normal impact velocity vn and the collision point
velocity. If these collision properties correspond to a material-specific process window, a
weld is formed, which frequently, but not necessarily, features a wavy character [21].

Figure 1. Electromagnetic sheet metal welding process setup and process parameter kinematic.

As a solid-state welding process, MPW avoids or at least significantly reduces the typi-
cal temperature-induced problems of the more conventional fusion welding processes, such
as thermal softening or the formation of intermetallics. Therefore, it is especially promising
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for joining material combinations usually considered difficult to weld or non-weldable [22].
In his review on electromagnetic pulse welding, Kang presents numerous examples of
material combinations that have been successfully joined by MPW [23]. In order to reach
high process efficiency and avoid extreme loading of the tool and machine components,
the flyer should preferably be made of a material with high electrical conductivity and
moderate strength. Therefore, a lot of fundamental research has been dedicated to the
MPW of aluminum and copper over recent years. These materials are highly interesting,
e.g., for applications in the electrical industry including the currently highly relevant fields
of development in battery technology and electro-mobility and in the fields of heating,
cooling, air conditioning, and ventilation. Raoelison et al., for example, investigated the
interface of aluminum/copper welds and compared it to aluminum/aluminum welds.
They found that aluminum/copper welds form intermediate phases in the form of layers
or pockets. Depending on the thickness of these phases, the interface becomes sensitive to
microcracks and fragmentation [24]. Psyk et al. provide a combined numerical and experi-
mental process analysis for electromagnetic pulse welding of Cu-DHP and EN AW-1050
and consolidate the results in a quantitative collision parameter based process window [20].
They proved that the forces transferable by these joints under lap shear loading can be
higher than the maximum forces transferable by the weaker joining partner so that failure
occurs outside and far away from the joining region. Wu and Shang have investigated
the influence of the surface condition on the weld formation and quality and found that
surface scratches in a tangential direction were in favor of a good weld with high strength,
while oil on the surface prevented welding [25].

Especially with regard to applications in the automotive industry, another focus of the
research on MPW was put on aluminum/steel joints [26]. Kimchi et al. showed that the
stand-off distance between an Al tube and a steel bar is a dominant factor for achieving a
sound weld and that adding receding angles to the bars can improve weldability [27].

Aizawa et al. provide a detailed study considering MPW of sheets made of multiple
aluminum alloys, specifically AA1050, AA2017, AA3004, AA5182, AA5052, AA6016, and
AA7075, to cold rolled carbon steel (SPCC) sheets. They considered different machine pa-
rameters and coil variants, estimated the corresponding collision velocity and characterized
the resulting weld quality via micrographic investigations and lap shear tests [2]. Yu et al.
investigated MPW of AA3003-O and steel 20 (0.2 wt.% C) tubes. They also showed that the
tension and torsion strength values of the joint are higher than those of the aluminum tube
when proper process parameters are chosen [28]. Complementing microstructural inves-
tigations indicate that the metallurgical joint composes of two interfaces, a non-uniform
transition zone and basic metals with high-density dislocations and nanocrystals. The tran-
sition zone features high micro-hardness multi-direction micro-cracks and micro-apertures.
Psyk et al. analyzed the influence of adjustable process parameters, specifically the ca-
pacitor charging energy, the initial gap width, the lateral position of inductor and flyer
and the flyer thickness on collision conditions and the resulting weld quality in terms of
transferable force, joint resistance, and weld width for different material combinations,
including aluminum/copper and aluminum/stainless steel [29]. Although most of the
publications dealing with MPW of steel and aluminum still consider relatively soft steels,
recently some attempts have been made to transfer the technology to target materials of
high strength. Wang et al. considered MPW of 3003 aluminum alloy sheets and HC340LA
steel sheets (zinc-coated and non-galvanized) [30]. They found that although the zinc layer
on the galvanized steel was partly removed due to the jet, the remains cause the formation
of brittle and hard phases on the interface, resulting in the generation of welding defects,
thereby reducing of mechanical properties of the joint. In [31], Psyk et al. exemplarily
show that for press hardening steel (22MnB5) and aluminum, also, joining by MPW is
basically possible. However, the specific aluminum alloy considered here (EN AW-1050)
has no technological relevance with regard to structural components. In most publications,
materials with a low strength and good electrical conductivity such as pure aluminum and
copper were joined with MPW, whereas joining high-strength aluminum alloys to hardened
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steel is extremely challenging and pushes the process to its technological limits. Therefore,
it is of great interest that high-strength aluminum alloys can be joined to hardened steel so
that novel structural components can be provided for automotive applications.

Therefore, this paper aims for the first time at joining the technologically relevant
aluminum alloy AA6016, especially used for structural components, to the press harden-
ing steel 22MnB5 (in hardened state) by means of MPW. Sheet metal welding tests are
performed and the weld quality is characterized via lap shear tests and microstructural
investigations. In parallel, numerical simulations are carried out in order to quantify the
conditions of the material collision during welding. Experimental and numerical results
are consolidated as a process window applicable for this specific material combination.
Deeper understanding of the bonding mechanisms and the microstructural effects in the
joining zone is gained by comprehensive microstructural analysis in terms of light micro-
scopic investigations, scanning electron microscopy (SEM), and energy-dispersive X-ray
spectroscopy (EDX).

2. Materials and Methods

Experimental investigations and numerical simulations were carried out consider-
ing the aluminum alloy AA6016 T4 and press hardened steel 22MnB5. The chemical
compositions of the joining partners as determined by EDX are shown in Table 1.

Table 1. Chemical composition (in wt.%) of flyer (AA6016) and target material (22MnB5) according
to EDX measurements.

Al Fe Mn Si Mg

AA6016 97.6 0.4 0.1 0.6 1.3
22MnB5 0.1 98.2 1.4 0.3 -

For industrial processing, 22MnB5 sheets are often protected by an AlSi anti-scaling
coating, which can be assumed to have an influence on the weldability of the material
combination. However, in order to reduce the complexity, this initial study on MPW of
press hardening steel considers uncoated, fully martensitic 22MnB5 sheets. These were
austenitized at 950 ◦C for 8 min in a protective atmosphere of argon and then quenched
between cooled steel plates, which avoids distortion of the workpiece due to tempering.
In order to ensure a defined homogeneous condition of the AA6016 raw material, which
is highly susceptible to aging, the material was solution-annealed, water-quenched, and
naturally aged for two weeks. The resulting condition is referred to as T4. The sheets were
processed directly after ageing.

In order to describe the process parameters suitable for MPW independently of the
specific setup and the properties of the used equipment (pulse power generator, tool
inductor), the process window is defined via the local collision parameters, specifically the
impact velocity and impact angle α as suggested, e.g., in [32]. In practice, these local process
parameters can only be set and changed indirectly via adjustable process parameters such
as the capacitor charging energy E, the initial gap width between flyer and target ginitial,
or the relative lateral position of flyer edge and center of the active branch of the coil
xflyer [20]. Therefore, these parameters were systematically varied in welding tests using
the setup shown in Figure 2a. Table 2 provides an overview of the most relevant process
parameters characterizing these tests. The experiments were carried out using a pulsed
power generator PS103–25 Blue Wave by PST Products (Alzenau, Germany). It features a
maximum capacitor charging energy of 103 kJ, a maximum capacitor charging voltage of
25 kV, a stepwisely adjustable capacitance of 25.6 μF to 320 μF, a maximum discharging
current of 2.2 MA in the short-circuit, and a maximum short-circuit frequency of 60 kHz.
The applied tool coil was self-developed by Fraunhofer IWU. It is intended for producing
a single weld seam directly under the center branch of the coil. This means that only this
section is active, while the two outer branches serve for conducting the current back to the
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connector and the pulsed power generator, so that the current circuit is closed. The used
experimental setup is shown in Figure 2c.

Figure 2. (a) Scheme of experimental setup; (b) Process states during the welding step; (c) Real MPW setup with the used
trident-shaped coil and the pulsed power generator.

Table 2. Parameters of the experimental MPW process.

Generator Parameters

Capacitor charging energy E 30–40 kJ
Capacitance C 330 μF

Tool parameter

Active length of inductor lactive 100 mm

Workpiece parameters

Flyer thickness tflyer 2 mm
Target thickness ttarget 2 mm

Width of flyer and target 100 mm

Experimental setup parameters

Initial gap flyer to target ginitial 0.5–2.5 mm
x-position of flyer edge xflyer −3–0 mm

x-position of target edge xtarget fixed to 14 mm
free length l fixed to 16 mm

Three sheets were joined per parameter set. In order to evaluate the weld quality,
three lap shear tests were carried out for each joined sheet. In order to avoid failure close to
the clamping area during the test, waisted specimens, similar to typical tensile specimens,
were prepared from the welded sheet samples as shown in Figure 3a. Welded sheets
typically feature non-welded edge zones, because here the induced current turns to form a
closed current loop in the workpiece and the magnetic field lines and the Lorentz forces
are re-directed correspondingly, so that the local conditions are inappropriate for welding
and can cause local deformations of the flyer edges (see Figure 3a). In order to exclude
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this effect from the weld evaluation, three specimens per sheet sample were taken at a
sufficient distance from the sample edge. The weld quality criterion (evaluation criterion)
is based on the failure mode of the lap shear tests specimen, as illustrated exemplarily
in Figure 3b. Weld quality is defined as high, if failure occurs in the base material of the
weaker joining partner frequently far away from the joining zone (cohesive failure). The
weaker partner can be either the one featuring lower material strength or significantly
lower wall thickness. In the investigations considered here, it is the aluminum. In contrast,
weld quality is defined as critical, if failure occurs in the joining zone by detachment of the
two joining partners (adhesive failure).

. 

Figure 3. (a) Specimen extraction from welded samples; (b) Different failure modes of the lap
shear specimens.

In addition to the global evaluation of the weld quality via lap shear tests, optical
microscopic investigations were carried out on a representative section from the welded
samples (see Figure 3a). Here, specifically the widths and the precise positions of the
welded cross sections were identified, because it is known from literature that the con-
tact zone of a magnetic pulse welded joint typically features welded and non-welded
sections [19].

Parallel to the experimental tests, a macroscopic coupled electromagnetic and struc-
tural mechanical simulation was used in order to determine the corresponding collision
parameters. The modelling was realized in LS-DYNA using the well-established FEM-BEM
solver. The electromagnetic model contains the inductor, the flyer, and the target. The
material is modelled as linear electromagnetic, and B-H-nonlinearity is disregarded. In
the mechanical model, additional necessary supporting elements are considered. Inductor
and supporting elements are modelled as rigid bodies, while elastoplastic deformation of
flyer and target is possible. Here, an elastoplastic constitutive law with von Mises yield
locus, isotropic hardening, and a tabulated scaling factor of the quasi-static flow curve
(taken from literature: AA6016 [33] and 22MnB5 [34]), depending on the strain rate, is
applied. The elastoplastic constitutive relation (Equation (1)) of the AA6016 material was
assumed in the MPW process simulations as J2-plasticity (von Mises model), considering a
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strain rate sensitivity fc and an approach for the material damage fc
(
η,

.
ϕ, D

)
scaling the

quasi-static flow stress σ0 in the model of the flow stress σy.

σy
(

ϕ,
.
ϕ, η, D

)
= σ0(ϕ) · fc

( .
ϕ
) · fd

(
η,

.
ϕ, D

)
(1)

Here, η is the stress triaxiality η = −p
σv

, calculated by the hydrostatic pressure p
and the equivalent stress σv, ϕ the true strain,

.
ϕ the strain rate and D the damage pa-

rameter (0 . . . 1, 0 = no damage, 1 = complete damage, i.e., element erosion). The damage
approach based on the GISSMO model [35] and was used for the MPW simulations sim-
plified as failure model considering an identified relatively high failure strain ε f for the
existing pressure stress state in the vicinity of the welding zone. Formula (2) describes
a logarithmic approach (as known from the Johnson–Cook model) of the strain rate sen-
sitivity, where c is the parameter identified as c = 0.01 for the AA6016 aluminum alloy
and

.
ϕ0 the reference strain rate (strain rate during quasi static stress strain curve testing,

.
ϕ0 = 0.001 s−1).

fc =

{
1 + c · ln

( .
ϕ
.
ϕ0

)
i f

.
ϕ > 10−3 s−1

1.0 i f
.
ϕ ≤ 10−3 s−1

(2)

The discretization size has been optimized considering the contradicting requirements
related to accuracy of the calculation result and calculation time. The result is shown
in Figure 4. In order to allow a realistic modelling of the current distribution and the
penetration depth of the EM field, especially the elements of the tool coil that are close to
the coil surfaces facing the workpieces must feature small size and it is necessary to model
several elements over the thickness of flyer and target. Here, six elements with an initial
element height of 0.5 mm were used. With regard to the mechanical calculation model,
fine discretization is needed in those areas of flyer and target that are deformed during the
welding process. Therefore, in the workpiece areas that are close to the active branch of the
coil, also the initial element width was set to 0.5 mm, while it is higher in the undeformed
areas far away from the active branch of the coil.

 

Figure 4. Discretization of the numerical model.

Obviously, the overall result of a coupled simulation significantly depends on the
update time step, i.e., the duration between two subsequent recalculations of the electro-
magnetic system. Here, a time step of 50 ns was used. The aim of the simulation was
to identify the collision parameters (impact velocity and impact angle) during the MPW.
For this, however, it was not necessary to consider the influence of temperature during
the simulation.

Finally, the experimental and the numerical results were consolidated as a collision
parameter-based process window. For this purpose, local collision parameters are de-
termined numerically and the position of welded and non-welded specimen sections
determined via light-microscopic investigations are correlated to each other. A process
window in the form of a diagram showing the impact velocity on the abscissa and the im-
pact angle on the ordinate is presented. Collision parameters of welded specimen sections
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are indicated as welded (i.e., inside the process window), while collision parameters of
non-welded sections and of completely non-welded specimens are indicated as not welded
(i.e., outside the process window). Collision parameters of welded specimen sections are
further distinguished into critically welded and high-quality welded ones according to the
result of the corresponding lap shear test, specifically the failure mode. Thus, the process
window was constructed by combining the results from the different process parameters,
the numerical simulations, the microstructural investigation of the weld zone, and the
lap-shear test.

To get a deeper understanding of the microstructural effects occurring during elec-
tromagnetic pulse welding, microstructural investigations of the aluminum/steel joints
included scanning electron microscopy (SEM) in secondary electron (SE) and backscatter
electron (BSE) mode that was accompanied by energy-dispersive X-ray spectroscopy (EDX).
EDX investigations comprised point analyses as well as EDX mappings of the joining
zone, executed with a field emission SEM Zeiss NEON 40EsB (Zeiss AG, Oberkochen,
Germany). The respective cross sections were prepared with a final oxide polish (OP-S)
using vibrational polishing (Buehler Vibromet 2, Mastertex, low nap, 60 min).

Furthermore, nanoindentation measurements according to ISO 14577 were conducted
in order to determine the hardness of the area that is close to the interface of the alu-
minum/steel joint. The measurements were carried out on a UNAT nanoindentation
device by ASMEC GmbH/Zwick GmbH & Co. KG (Dresden/Ulm, Germany) with a
Berkovich indenter (0.394 μm tip radius). The normal force was increased from 0 to 5 mN
within 10 s, followed by a hold time of 5 s and a force relief period of 4 s.

3. Results and Discussion

3.1. Determination of MPW Process Window

The result of the numerical process modelling in terms of quantified collision pa-
rameters is exemplarily shown in Figure 5. Here, a high-quality weld is achieved with a
capacitor charging energy E of 40 kJ, an initial gap width ginitial of 2.5 mm, and a lateral
relative position of the coil center and the flyer edge xflyer of 0 mm. All other process
parameters correspond to the fixed process parameters given in Table 2. In the following,
this parameter set is referred to as condition 1. Both velocity curve and angle curve are
depicted as functions of the distance d from the flyer edge in Figure 5. They show a typical
shape that is representative of all investigated parameter combinations. The velocity curve
features a plateau of relatively constant velocity, which is followed by a steady decline of
the curve. In this specific case, the plateau is rather short (approx. 2 mm) and high velocity
(approx. 600 m/s) is reached because of the high capacitor charging energy in combination
with a high initial gap width, which corresponds to a long acceleration distance for the
flyer. With other parameter combinations considered here, the plateau reached lengths of
up to 6 mm at a lower height. The subsequent steady decline of the curve is about equally
steep for all regarded parameter combinations.

In contrast, an initial rising trend, which is then reversed to a decrease characterizes
the angle curve. The high initial gap in combination with the short lateral relative position
of the coil center and the flyer edge leads to a relatively steep rise of the curve and high
absolute values as compared to other parameter combinations considered in this study.
These observations are in good agreement with the general trends and influences related to
the collision conditions presented in [29].

Additionally, Figure 5 directly correlates the velocity and angle curves with the result
of the investigations by optical microscopy. The welded area identified in the microstructure
was projected onto the diagram so that velocity-angle combinations that are beneficial for
weld formation can easily be identified. In the next step, this information was transformed
to collision parameter-based process windows. Figure 6 consolidated the results of all
welding experiments, the corresponding numerical simulations and the evaluation of the
weld quality. Collision parameter combinations corresponding to the welded zone were
regarded as high-quality weld (green points) or critical weld (yellow points) depending
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on their failure mode (see Figure 3) and the maximum reached forces in the lap shear test
(Table 3), whereas collision parameter combinations corresponding to the non-welded
zone are depicted as red crosses. Green points can be considered safely within the process
window, yellow points indicate the edge of the process window, and red crosses can be
considered outside the process window.

Figure 5. Comparison of the collision parameter distribution for a high-quality welding sample
(condition 1).

 
Figure 6. Identified process window for MPW of AA6016 T4 to 22MnB5 (hardened) (a) based on normal impact velocity
vn and impact angle α, (b) based on collision point velocity vc and impact angle α. The dotted lines indicate the collision
parameters of the high-quality (condition 1; dark blue line) and the critical weld (condition 2; light blue line).
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Table 3. Results of the lap shear test and resulting failure mode for Condition 1 and Condition 2.

Maximum Force F in
N

Displacement at F in
mm

Failure Mode

Condition 1
E = 40 kJ

ginitial = 2.5 mm
xflyer = 0 mm

2813 ± 73 5.11 ± 0.31 high-quality weld
(fail in base material)

Condition 2
E = 35 kJ

ginitial = 1.5 mm
xflyer = −2 mm

1898 ± 56 1.86 ± 0.18 critical weld
(fail in joint)

As the collision parameters were determined at discrete points with a distance of
0.25 mm between them (corresponding to the element size in this section of the numerical
model), welding tests with one specific parameter set deliver a number of points in the
process window. Figure 6 exemplarily highlights the group of points delivered by the
welding samples processed with the parameter set referred to as condition 1. Additionally,
a second group of points delivered by welding tests performed with a capacitor charging
energy of 35 kJ, an initial gap of 1.5 mm between flyer and target, and a lateral relative
position of the coil center and the flyer edge of −2 mm is indicated as condition 2. This
parameter set was found to lead to critical welds failing by detachment of flyer and target
in the joining zone und lap shear load.

In this context, the interpretation of the experimental results in the area close to the
flyer edge is known to be challenging. Here, attachments of the flyer and target material to
the respective other joining partner as exemplarily shown in [20] might indicate that the
area was initially welded and ripped open again during the MPW process. However, as
this is not fully clear, a zone of up to 1.3 mm distance from the flyer edge was disregarded
when composing the process windows in order to avoid incorrect assignment either to
collision parameters leading to a welded or non-welded contact.

Figure 6 shows two different variants of collision parameter-based process windows.
They consider the impact angle α as a function of the normal impact velocity vn (Figure 6a)
and the collision point velocity vc (Figure 6b), respectively. The equations for these velocities
are explained in Figure 1. The latter is more common, especially in the context of explosive
welding, an alternative impact welding technology, which shows some similarities to
MPW although it is based on a chemical energy source instead of an electric one and the
temperature regime during the process differs significantly. Both variants of the process
window allow clear identification of collision parameter combinations that can be expected
to lead to robust high-quality welds, i.e., failure in the base material of the weaker joining
partner and those that will clearly not lead to welding. In-between these two groups there
is a diffuse border area. This border area appears more distinct in the process window
based on the collision point velocity, but it must be considered that the velocity scale in this
diagram is roughly ten times as high compared to the scale in the diagram that is based on
the impact velocity. In summary, an impact angle >15◦ and an impact velocity >400 m/s
lead to sufficiently good joints between the aluminum alloy AA6016 and the steel 22MnB5.

3.2. Detailed Microstructural Characterization

In addition to the goal of determining a process window for MPW of AA6016 to
22MnB5, another objective of this work was the detailed investigation of the joining zone in
order to gain deep knowledge about the microstructural effects in the joint zone. Specifically,
differences between a high-quality weld and a critical weld were to be identified. For this
purpose, the weld samples referred to as condition 1 (high weld quality) and condition 2
(critical weld quality) were regarded further. In this respect, already the examinations by
optical microscopy revealed a significant difference between these two sample types. By
preparing several cross-sections of the Al/steel compound at varying distances from the

48



J. Manuf. Mater. Process. 2021, 5, 66

edge of the sheets (compare Figure 7a), the approximate width and length of the joining
zone, i.e., the zone of intimate material contact between Al and steel, were determined.
Figure 7b,c exemplarily show position 4 for the high-quality weld (weld parameters
according to condition 1) and the weld of critical quality (weld parameters according
to condition 2), respectively.

 

Figure 7. (a) Positions of cross-sections at varying distances from the edge of the Al/steel compound. (b) Optical microscope
image of the cross-section of a high-quality weld (condition 1, position 4), (c) Optical microscope image of the cross-section
of a critical weld (condition 2, position 4).

As confirmed by several high-quality and critical welds and to the surprise of the
authors, the area of the joining zone of a high-quality weld is roughly half as large as
that of a critical weld. In order to visualize this, the measured joining zone widths at
positions 1 to 5 were schematically transferred to a macroscopic top view image of the
Al/steel compound. The resulting assumed shape of the joining zone of both a high-quality
and a critical weld is shown in Figure 8, illustrating the much smaller joining zone of the
high-quality weld.

Since this observation seemed to contradict the lap shear test results and correlations
observed in earlier studies on different material combinations [29], the joining zone was
thoroughly investigated by SEM. This characterization revealed features that are typical for
MPW joints, namely the formation of a wavy interface in the contact area of the metal sheets
and the existence of an interface-near transition zone supposedly consisting of intermetallic
phases. As shown in Figure 9a, the intermetallic phases (IMP) are predominantly present in
the valleys of the wavy interface. Their existence is considered evidence for the temporary
melting of flyer and target material in a very narrow interfacial zone due to the impact-
induced conversion of the kinetic energy of the flyer into thermal energy.
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Figure 8. Measured width and assumed shape of the joining zones of a high-quality weld and a critical weld in order to
visualize the significantly larger joining area (marked green) of the critical weld.

 

Figure 9. (a) SEM image (SE mode, acceleration voltage 15 kV, working distance 9.6 mm) of the joining zone of AA6016
with a fully martensitic 22MnB5 steel (critical weld). (b) SEM image (SE mode) of the joining zone of AA6016 with 22MnB5
steel (high-quality weld).

The comparison of the cross-section of a critical weld (parameter set during welding
according to condition 2) in Figure 9a with a high-quality weld (parameter set during weld-
ing according to condition 1) shown in Figure 9b reveals a significantly less pronounced
wave formation for the latter. Areas with IMP are still visible, although the transition zone
is much thinner and IMP occur less frequently over the entire cross-section.
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A possible explanation for the interface failure of the critical welds in the lap shear
test despite the larger joining zone is provided by higher magnification SEM images.
In Figure 10, the transition zone between Al and steel exhibits vortex-like structures, indi-
cating a strong mixing of flyer and target material during the joining process. However,
the formed IMP area shows numerous, mostly vertical cracks that extend over the entire
transition zone and end abruptly in the adjacent Al and steel material. Since these cracks
within the obviously very brittle IMP occur over the entire joining zone, this pre-damage
is very likely the reason for the interfacial adhesive failure of the critical welds in the
shear tensile test. In contrast, the high-quality welds, which exhibit almost no cracks in
the transition zone, showed a cohesive failure in the Al sheet, thus indicating a superior
interface bonding strength in comparison to the critical welds even though the joining zone
is considerably smaller.

 

Figure 10. SEM image (SE mode) of the transition zone of a critical weld (welding parameters
according to condition 2) with numerous cracks.

Further investigations were conducted in order to identify the IMP in the transition
zone. An EDX mapping of an exemplarily chosen part of the interfacial area of a critical
weld (Figure 11) revealed that the transition zone mainly contains Al, although the Al
content seems to vary in a certain range as confirmed by the heterogeneous distribution of
Fe, Mg, Mn, and Si in this zone. Additionally, oxygen can be detected, but is predominantly
found in the described cracks in the transition zone.

In the SEM image shown in Figure 12a, which was taken in backscattered electrons
mode, many different grayscales in the transition zone of a critical weld can be observed,
indicating an inhomogeneous chemical composition. In contrast, the gray shade in the
transition zone of the high-quality weld is much more homogeneous (see Figure 12b), thus
suggesting a correspondingly homogenous chemical composition.

EDX point analyses at different locations in the transition zone (spots 1 to 3
in Figure 12a and 4 to 5 in Figure 12b) verify this observation. Table 4 summarizes the
corresponding results. They confirm that the transition zone of the critical weld consists
of Al-rich intermetallic phases with a strongly varying Al/Fe ratio and Mg, Si and Mn as
accompanying elements (≤1 at.% each). A comparison with the known Al-rich iron alu-
minide phases shows that FeAl2 (66.7 at.% Al), Fe2Al5 (71.4 at.% Al), and Fe4Al13 (76.5 at.%
Al) might have been formed in the Al/steel interface during the joining process. However,
due to the heterogeneous microstructure, even on a very small scale, a clear assignment
of single areas to the mentioned phases is not possible by means of the characterization
methods that were used in this work. Analytical methods with a very high spatial reso-
lution such as X-ray photoelectron spectroscopy (XPS) might give more insight into the
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phase composition of the transition zone. Taking into account the very short time period
of the joining process and the high cooling rates in the joining zone, the transition zone is
expected to consist either of nanoscaled metastable phases and/or even amorphous areas.

 

Figure 11. SEM image and EDX mapping of the Al/steel interface area of a critical weld (welding
parameters according to condition 2), including the elemental distribution of Al, Fe, Mg, Mn, Si,
and O.

 

Figure 12. SEM images (BSE mode) of the joining zone of (a) a critical weld and (b) a high-quality weld with marked spots
(1 to 5) for EDX point analysis.
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In contrast to the critical weld, the transition zone of the high-quality weld (Figure 12b)
exhibits a nearly constant chemical composition of about 88 at.% Al and 10 at.% Fe. This was
also confirmed by EDX mapping (not shown here), which indicated a very homogeneous
Al-rich phase in the transition zone. Regarding the mentioned composition, no stable
FeAl phase with such a high Al content is known from the literature, which suggests the
presence of non-equilibrium phases or a supersaturated solid solution in the transition zone
of the high-quality welds, but partly also in the critical welds (see spot 3 in Figure 12a).

Table 4. Chemical composition of spots 1 to 5 from Figure 12 determined by EDX point analysis.

Element
Al Fe Mg Si Mn

wt.% at.% wt.% at.% wt.% at.% wt.% at.% wt.% at.%

Critical
weld

Spot 1 60.8 75.5 37.3 22.4 0.7 1.0 0.7 0.8 0.5 0.3
Spot 2 52.5 69.0 45.6 29.0 0.6 0.8 0.6 0.8 0.7 0.4
Spot 3 81.5 89.2 16.7 8.8 0.8 1.0 0.7 0.8 0.3 0.2

High-
quality
weld

Spot 4 79.6 87.9 18.2 9.7 1.1 1.4 0.7 0.8 0.4 0.2

Spot 5 79.6 88.0 18.3 9.8 1.0 1.3 0.7 0.7 0.4 0.2

Figure 13 presents the results of the nanoindentation of a high-quality weld. The six
hardness values on the Al side (top row) are quite similar and well within the microhardness
range for severely plastically deformed AA6016 T4 described in the literature [36], except
for the last one, where the indenter obviously hit a precipitation in the Al alloy. Additionally,
the six hardness values on the 22MnB5 side (bottom row) are within a relatively narrow
range around 480 HV, once again in good accordance with 22MnB5 hardness values
known from the literature [37,38]. In contrast, the hardness values in the transition zone
(middle row) exhibit a relatively large scatter. As described above, this transition zone
supposedly consists of intermetallic non-equilibrium FeAl phases. Investigations by several
authors have shown that especially Al-rich FeAl phases, as they were observed here,
exhibit very high hardness values (>700 HV) which is usually associated with an increased
brittleness [39,40]. Obviously the indents that are farther away from the interface of
the transition zone with the 22MnB5 sheet, i.e., the first, fourth and fifth indent (from
the left), achieve the lowest hardness values. The closer the indents get to the 22MnB5
side, the higher are the hardness values, reaching a maximum with the second indent
(781 HV), which is almost exactly on the interface between the transition zone and the
22MnB5 material. As mentioned before, only high-resolution characterization methods
could answer the question if this observed increase in hardness has to be attributed to a
change in the phase composition within the interfacial area.

 

Figure 13. Nanoindentation results of the interfacial area of an Al/steel joint (high-quality weld,
indentation force 5 mN).
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4. Summary and Conclusions

AA6016 sheets were successfully joined for the first time to hardened 22MnB5 steel
by magnetic pulse welding (MPW). By combining an extensive experimental study with a
macroscopic coupled multiphysics simulation in LS-DYNA, a process window for high-
quality welds was determined. Subsequent lap shear tests showed either cohesive failure
in the AA6016 base material or interface failure in the joining zone. Samples that showed
the latter failure mode were classified as critical welds, while those ones failing cohesively
in the aluminum base material were evaluated as high-quality welds. For the chosen
experimental setup, high-quality welds were formed for normal impact velocities of the
AA6016 flyer starting at about 400 m/s at impact angles of around 10◦. A tendency was
observed that for larger impact angles, higher normal impact velocities are necessary in
order to produce high-quality welds.

Microstructural characterization surprisingly revealed significantly larger joining zone
areas for critical welds than for high-quality welds. However, next to a pronounced wave
formation at the Al/steel interface and vortex-like structures indicating a strong mixing of
AA6016 and 22MnB5, the intermetallic transition zone of the critical welds exhibited a lot
of vertical cracks, thus providing a possible explanation for the inferior bonding strength in
the lap shear tests. By contrast, the high-quality welds were characterized by thinner, but
very homogeneous and crack-free transition zones consisting of an Al-rich intermetallic
phase with about 88 at.% Al and 10 at.% Fe. Therefore, it can be concluded that for very
high normal impact velocities above 400 m/s at impact angles between 10◦ and 35◦, there
is a continuous change in the way the transition zone forms. Even though the underlying
mechanisms are not yet fully understood and require further research, it can be stated
that process parameters that lead to a merely slightly pronounced wave formation and
the development of a homogeneous transition zone with a very high Al content appear
most suitable for the production of high-quality welds between AA6016 and 22MnB5. In
summary, the following key results were determined and are essential for a perspective
transfer of hybrid MPW joints made of high-strength aluminum alloys and hardened steel
for use as structural components in automotive engineering:

• For the first time, the aluminum alloy AA6016 was successfully joined to hardened
steel 22MnB5 by MPW.

• A robust process window for high-quality welds was determined by a macroscopic
coupled multiphysics simulation in LS-DYNA.

• Surprisingly, the high-quality welds were characterized by thinner, but very homoge-
neous and crack-free transition zones consisting of an Al-rich intermetallic phase.
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Abstract: Lightweight structures in the automotive and transportation industry are increasingly
researched. Multiple materials with tailored properties are integrated into structures via a large
spectrum of joining techniques. Welding is a viable solution in mass scale production in an automotive
sector still dominated by steels, although hybrid structures involving other materials like aluminum
are becoming increasingly important. The welding of dissimilar metals is difficult if not impossible,
due to their differential thermo mechanical properties along with the formation of intermetallic
compounds, particularly when fusion welding is envisioned. Solid-state welding, as with magnetic
pulse welding, is of particular interest due to its short processing cycles. However, electromagnetic
pulse welding is constrained by the selection of processing parameters, particularly the coil design
and its life cycle. This paper investigates two inductor designs, a linear (I) and O shape, for the
joining of sheet metals involving aluminum and steels. The O shape inductor is found to be more
efficient both with magnetic pulse (MPW) and magnetic pulse spot welding (MPSW) and offers a
better life cycle. Both simulation and experimental mechanical tests are presented to support the
effect of inductor design on the process performance.

Keywords: magnetic pulse welding; spot welds; linear coils; shear lap test; automotive alloys;
numerical analysis; LS-DYNA

1. Introduction

The emissions targets set by various climate summits, which started in the 1970s, as well as the
increase in oil prices since then, has made the automotive OEMs focus their efforts on optimizing
vehicle emissions and keeping fuel consumption at a minimum to meet both the environmental and end
customers’ economic concerns. These efforts were translated by extensively optimizing the combustion
engines, introducing the hybrid concept, and introducing, during the 1990s, the first commercial
electric vehicles. The common helping factor for all the versions proposed was reducing the weight of
the structural and non-structural components by using a combination of materials.

The metal percentage of the materials used in the production of a typical passenger vehicle,
even by the year 2025, is expected to maintain a big part of the share: 60% steel (combination of
low-carbon, mild-, and high-strength steels), 18% for aluminum, and 5% magnesium [1]. Consequently,
the use of these materials implies the need to deal with the challenges related to dissimilar metal
joining by overcoming the constraints stemming from unmatching properties (mechanical, thermal,
and chemical) and by ensuring manufacturing conditions (limit the damage on joining partners, reliable
and cost-efficient processes, and recyclability).
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The traditional joining technologies which are well established in the industry are the mechanical
and thermal techniques. The former includes processes such as screwing, riveting, punch riveting
and clinching.

The main disadvantages of these processes are the additional steps required in the production
cycle, stress concentrations at the points of fastening, and weight increase inherent to the fasteners
themselves [2,3]. For fusion welding technologies that implicitly involve a heat source with or without
a filler addition, the main concern is microstructural changes, residual stresses and defects during
the solidification of the molten zone between the adjoining components. For instance, weld fusion
zones are not always exempt from porosity, solidification cracks and oriented structures with grain
orientations that induce unpredictable variability in the welded components [4,5]. When a filler is
additionally used to mitigate weld metal chemistry, the weight increase is inherent, as in mechanical
joints. In automotive applications of fusion welding, resistance spot welding has been in practice for
a very long time and, for the last two decades, remote laser spot welding is increasingly preferred
due to the processing speed [6,7]. Further lightweight automotive body structures imply hybrid
materials as diverse as aluminum and steels and need fast joining technologies to keep pace with the
large-scale automotive sector [8]. The fusion welding of such dissimilar materials is more complex
due to the formation of intermetallic compounds in the weld zone and the presence of differential
thermal effects stemming from different physical properties, like the thermal expansion coefficient
and melting points. This leads to the unacceptable weakening of the welded components. In the case
of aluminum to steel thermal joining application, two important limitations need to be mentioned:
the formation of brittle, aluminum, rich-intermetallic compounds (Fe2Al5, FeAl3) and the negligible
solid solubility of Fe in Al [9]. For a viable dissimilar joint, one possible way of doing this is to
reduce, as much as possible, the size of the intermetallic phases. For this to happen, amongst other
alternatives to minimize the formation of brittle compounds, some prospective studies involve laser
roll bonding through brazing [10] and mixing, as in friction spot welding [11], but with limited success
in large-scale applications.

To overcome the mechanical and thermal limitations, the studies of high-velocity impact
processes which create a direct joining between metals at solid-state and at microscopic level
presented an opportunity. These studies started first in the 1950s with the explosive welding
(EXW) [12], and continued with magnetic pulse welding (MPW), laser impact welding (LIW) [13],
and vaporizing foil actuator welding (VFAW) [14]. The cold and rapid natures of these processes—some
microseconds—limit the risk of HAZ and intermetallic compounds’ formation, respectively [15].

The principle of the high-velocity impact processes is based on accelerating one metal, called a
flyer, at very high velocities, towards another fixed metal, called parent, where the local progressive
collision creates the bond between the two materials. The difference lies in the accelerator types: in
EXW, for example, the detonators are used, while in MPW, electromagnetic driving forces are used [2–5].
For safety and ergonomic reasons of massive industrial applications, the MPW process presents itself
as a more appropriate candidate, as it uses the electromagnetic fields as a source.

The driving force generation is based on the Laplace force principle: the presence of a
current-carrying conductive metal in a time-varying magnetic field generates Laplace forces on
this metal. Therefore, and to achieve large amounts of Laplace forces, the MPW processes use:

• A high pulse generator capable of generating an intense, time-varying current that will be the
source of the time-varying magnetic field;

• A coil capable of producing the magnetic field due to the discharged current delivered by
the generator;

• A conductive metal in the vicinity of the coil in which the magnetic field penetrates and induces
currents, leading to the generation of large amounts of Laplace forces, causing its acceleration.

MPW for a tubular geometry was the most used and developed in the MPW field [16,17]. Starting
in the year 2000, more focus was given to the sheet metal applications where the operational positioning
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is presented in Figure 1a,b and Figure 2A. Manogaran et al. [18] developed an additional process
concept for metal sheets: Magnetic Pulse Spot Welding (MPSW). In this process, a prior local stamping is
created on the intended spot-welding location in the flyer metal, which is called the hump (Figure 1c,d);
this hump will guarantee the required standoff distance, and hence the flyer could be directly placed
on the parent metal without any concern for the overlapping distance between the two materials to
comply with the industrial ease for automated applications. This hump will then be accelerated by the
magnetic pulse to create a spot weld after collision (Figure 2B).

After this brief description of the MPW/MPSW, the process’s operational parameters can be
concluded: the electrical coil’s geometry, the configuration’s geometrical parameters and the discharge
energy of the generator. These operational parameters condition the collision mechanism, where the
two impact physical parameters are the impact velocity and the impact angle, which are mandatory to
ensure two clean surfaces ready for welding and the formation of the jet [2–6,19].

It is worth mentioning that the impact would invariably generate heat by the transformation from
mechanical to thermal energy, thereby limiting the highest impact velocity that would not engender
melting at the welded interface. For dissimilar joints, as mentioned earlier, melting has to be curtailed
in order to eliminate the possible formation of intermetallic compounds. It is worth noting that, due to
short impact times, heat generation remains nearly adiabatic and localized in the interfacial zone.
In the case of Al to Cu impact joining, Marya et al. [20] have reported localized melting in tube to
tube welding, which has been substantiated by others [15,19]. Briefly, the velocity range for successful
welding has a limited window and consequently an equal choice of parameters like standoff distance,
discharge energy and configuration of sheets/parts.

Figure 1. (a,b) Magnetic Pulse Welding (MPW); (c,d) Magnetic Pulse Spot Welding (MPSW).

Figure 2. (A) Al/Cu MPW [21]; (B) MPSW [18].
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Objectives of Study

The MPW/MPSW for sheet metal applications has been successfully applied and achieved for
similar and dissimilar metals welding [1,4,7–10,22]: aluminum to aluminum, aluminum to steel,
aluminum to magnesium. In the literature, a lot of alloys were tested, and the applications, in general,
concerned thin sheet metal thicknesses, omitting the real thicker sheets that can be applied in real
applications for the automotive industry. On the other hand, the most used electrical coil during these
studies were linear with rectangular cross-section coils, which present a good efficiency to simplicity
ratio for aluminum 1xxx and thin sheet applications [1,11].

However, in automotive applications, the 5000- and 6000- series aluminum alloys’ use is dominant
(body panels, seat structures, reinforcement members, etc.). On the steel side, the low-carbon drawing
steels are used for various components and, during the last three decades, the developments of the
advanced high-strength steels (AHSS) led to the increase in the use of the dual phase steels (DP) [23].

In this context, the current study aimed to develop an electrical coil geometry allowing a better
efficiency and wider application scope of the MPW/MPSW for the automotive metal alloys. The new
geometry coils, as will be seen in the results, led to a wide range of successful welds for different
combinations of similar and dissimilar alloys. Several combinations were also tested under quasi-static,
dynamic and fatigue loads to see the welds strengths level.

First, the equipment used, including the two coils (linear and the newly designed), the experimental
setup (Figure 3) and an LS-Dyna numerical model which will be used in the analysis of the improved
efficiency of the new coil design, will be presented. After that, we will present the comparison of the
two coils and proceed to the experimental results.

Figure 3. Experimental setup: (a) MPW; (b) MPSW.

2. Materials and Methods

2.1. Materials

The aluminum and steel alloys chemical compositions used during this study are presented in
Tables 1–3. Their mechanical properties are given in Tables 4 and 5.

Table 1. Aluminum alloys, chemical compositions (%at.).

Si max Fe max Cu max
Mn
max

Mg
max

Cr max Zn max Ti max
Other
max

1050 0.25 0.40 0.05 0.05 0.05 - 0.07 0.05 0.03
5182 0.20 0.35 0.15 0.50 4.0–5.00 0.10 0.25 0.10 0.15
5754 0.40 0.40 0.10 0.50 2.6–3.6 0.30 0.20 0.15 -
6013 0.78 0.28 0.97 0.40 1.02 0.06 0.10 0.05 0.15
6016 0.5–1.5 0.50 0.20 0.20 0.25–0.70 0.10 0.20 0.15 0.15
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Table 2. DC04 steel chemical compositions (%at.).

C max Mn max Si max P max S max Al max

DC04 0.08 0.40 0.10 0.025 0.025 0.020

Table 3. DP steels chemical compositions (%at.).

C
max

Mn
max

Si
max

P
max

S
max

Al max
Ti +Nb

max
V

max
Cr

max
Mo
max

B
max

N
max

Ni
max

Nb
max

DP450 0.10 0.16 0.4 0.04 0.015 0.015–0.08 0.05 0.01 0.8 0.3 0.005 0.008 - -
DP1000 0.139 1.50 0.21 0.009 0.002 0.046 - 0.01 0.02 - 0.0002 0.003 0.03 0.015

Table 4. Steel’s mechanical properties.

YS (MPa) UTS (MPa) A % ISO 20 × 80

DC04 (e ≤ 1.47 mm) 160–200 280–340 37
DP450 290–340 460–560 27
DP1000 787 1059 8.5

Table 5. Aluminum alloys’ mechanical properties.

YS (MPa) UTS (MPa) A % ISO 20 × 80

1050-H14 85 105 4
5754-H111 (e ≤ 1.5 mm) 90–130 200–240 21
5182 (e ≤ 1.5 mm) 120–160 260–310 23
6013-T4 174 310 26
6016-T4 110–150 220–270 23

2.2. Equipment and Experimental Procedure

2.2.1. Pulse Generator

The pulse generator used is a 50 kJ, developed at ECN, with the following characteristics:

CGen = 408 μF, LGen = 0.1 μH; RGen = 3 mΩ; Vmax = 15 kV; Imax = 500 kA; fshort = 25 kHz.

The highest limit for the discharge energy is hence fixed at 16 kJ, so that the discharge current
does not exceed 80% of the maximum allowable current for the generator:

Ioperationmax = 0.8× Imax = 400 kA

2.2.2. Coils

The two coils used in this study are a linear rectangular cross-section coil—dimensions are
presented in Figure 4—and an O-shaped rectangular cross-section coil—dimensions are presented in
Figure 5. The active areas of the two coils are the same: 20 × 8 mm.

2.2.3. Discharge Energy and Discharge Current Relation

The discharge energy E depends on the voltage that is charging the capacitors and it can be
expressed by

Edischarge =
1
2

CGenV2
0 (1)

where CGen is the generator capacitance and V0 is the charging voltage.
The resulting discharge current in the coil, which is highly damped sinusoidal due to the RLC

equivalence of the circuit, is
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I(t) = I0e− t
τ sin(ωt) (2)

where

I0 = V0

√
CGen

L
(3)

τ =
2L
R

(4)

ω =
1√

LCGen
=

f
2π

(5)

with L and R as the equivalent inductance and resistance of the system, respectively

L = LGen + LCoil (6)

R = RGen + RCoil (7)

Figure 4. Linear rectangular cross-section coil.

 
Figure 5. O-shape coil dimensions.

2.2.4. Experimental Procedure and Design

In the case of the MPW (Figure 1a,b), the configuration involves the use of insulators to create the
needed airgap between the two metals (Figure 3). The insulators are made of PE and PVC and they are

62



J. Manuf. Mater. Process. 2020, 4, 69

designed to have the same thickness of the required standoff distance between metals. They are fixed
on the flyer metal using adhesive tapes. In Figures 6 and 7, the positioning of the flyer metal regarding
the coil is represented for both linear and O-shaped coils, respectively.

Figure 6. Magnetic Pulse Welding configuration with linear coil.

Figure 7. Magnetic Pulse Welding configuration with O-shape geometry coil.

After the cleaning step, the flyer metal is positioned facing the coil where a Kapton insulation
sheet with a 0.1 mm thickness is used to separate it from the coil. The positioning is controlled by
a laser so that the part of the flyer metal to be deformed is centered regarding the coil’s active area.
The parent metal is then positioned on the insulators, over it a massive steel die, and finally the whole
system is clamped using a special system designed to avoid any displacement during the welding
process. The standoff distance is controlled using a feeler gauge before every test.

In case of MPSW (Figure 1c,d and Figure 3b), the first step of the process is to create the hump in
the flyer metal. The general geometry of the hump chosen is a rectangular one. This geometry was
chosen based on the previous study done by Manogaran et al. [19], during which different geometries
were tested, and it was proven that the rectangular one is the more efficient. Figure 8 presents this
general geometry with different dimensions. The hump is stamped in the flyer metal using a hydraulic
press die.
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Figure 8. General geometry of the hump for MPSW.

After cleaning the metal surfaces from oil using acetone solution, the flyer metal is then positioned
with a laser so that it is facing and centered on the coil’s active area. The parent metal is then positioned
above the flyer metal with the massive die on, and finally the system is clamped like the MPW case.

2.2.5. Welds Strength Evaluation

For the welding mechanical strength evaluation, the welded specimens were tested as schematically
represented in Figure 9 in lap-shear conditions:

• Quasi-static at 10−2 mm/s (with an Instron 5584 mechanical tensile machine, Norwood, MA, USA);
• Dynamic at 614 mm/s (with an MTS 819 hydraulic high-speed tensile machine, Eden Prairie,

MN, USA);
• Fatigue under unidirectional conditions (R = 0, frequency of 20 Hz, Fmax = 0.6× Fmaxquasi−static

with an MTS Electropulse E10000 machine, Eden Prairie, MN, USA).

Figure 9. (a) quasi static and fatigue lap shear tests specimen, (b) dynamic lap-shear test specimen.
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2.2.6. Numerical Simulation

The model used is a coupled mechanical/thermal/electromagnetic using LS-DYNA 3D FEM-BEM
code (Finite Element Method – Boundary Element Method).

The simulations during this study were performed using the High-Performance Computing (HPC)
resources of the Centrale Nantes Supercomputing Center on the cluster Liger by the High-Performance
Computing Institute (ICI).

2.3. Materials Properties and Boundary Conditions

The coils material used in this study are the OFHC copper and the ASTM A36 steel. The flyer
metals used in the numerical models are the aluminum alloys 5754 and 5182. The parent metal is the
DC04 deep drawing law carbon steel.

A Johnson–Cook model was used for the mechanical solver and the parameters for all materials
are taken from the literature [24–27] and they are presented in Table 6. The thermal and electrical
parameters of different materials are presented in Tables 7 and 8 and they are also taken from the
literature [24–27]. The initial room temperature TRT was set at 293 K.

Table 6. Johnson–Cook model parameters.

Coil Alloy A (MPa) B (MPa) n C m

Linear Coil OFHC 90 292 0.31 0.025 1.09
O-Shape
Coil

OFHC 90 292 0.31 0.025 1.09
ASTM A36 286.1 500.1 0.2282 0.022 0.917

Flyers
5754 67.456 471.242 0.424 0.003 2.519
5182 106.737 569.120 0.485 −0.001 3.261

Parent DC04 162 598 0.6 2.623 0.009

Table 7. Thermal properties.

Coil Alloy
Thermal Conductivity

(W/mk)
Specific Heat Capacity

(J/kgK)

Linear Coil OFHC 386 383

O-Shape Coil
OFHC 386 383

ASTM A36 50 450

Flyers
5754 130 897
5182 123 902

Parent DC04 52 470

Table 8. Electrical Properties—International Annealed Copper Standard.

Coil Alloy
%IACS

(International Annealed Copper Standard)
S/m

Linear Coil OFHC 100 5.8001× 107

O-Shape Coil
OFHC 100 5.8001× 107

ASTM A36 12 6.9600× 106

Flyers
5754 33 1.9140× 107

5182 28 1.6240× 107

Parent DC04 13 7.5400× 106

The variation in the electrical conductivity, with temperature for the copper and aluminum,
is based on the Meadon model, which is a simplified Burgess model [28], and it gives the conductivity
as a function of temperature and density at solid phase [29]

ρ =
(
C1 + C2TC3

)
fc

(
V
V0

)
(8)
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where ρ is the electrical resistivity, T is the temperature, V is the specific volume, V0 is the reference
specific volume (zero pressure, solid phase) and

fC

(
V
V0

)
=

(
V
V0

)2γ−1

(9)

where γ is the Gruneisen value given by

γ = γ0 −
(
γ0 − 1

2

)(
1− V

V0

)
(10)

with γ0 the reference Gruneisen value. In Table 9, the set of parameters for aluminum and copper from
Burgess paper are given [20,21].

Table 9. Meadon-Burges parameters.

Parameter Cu Al

V0 (cm3/g) 0.112 0.370
γ0 2 2.13
C1 −4.12× 10−5 −5.35× 10−5

C2 0.113 0.223
C3 1.145 1.210

For the steel case, a simple linear model was used

ρ = ρ0[1 + α0(T − TRT)] (11)

where ρ is the electrical resistivity at the actual temperature T, ρ0 is the electrical resistivity at the
reference temperature TRT and α0 = 6× 10−3 K−1 is the temperature coefficient of resistivity for the
taken TRT reference temperature.

The source currents in the coil are due to the imposition of boundary conditions, where it is
possible to have an imposed current or an imposed voltage [29]. In our case, the voltage V(t) is imposed
through an equation depending on the charging voltage V0, the resistance RGen, the inductance LGen
and capacity CGen of the generator, as well as the mesh resistance and inductance (Figure 10). Dirichlet
and Newman boundary conditions are applied, and no further constraint is applied on the BEM [30].

Figure 10. Problem with (R, L, C) imposed voltage on the coil [28].

The inductor nodes’ movement was constrained in all directions (translation and rotation), since in
the MPW applications, the coils are fixed in such a way as to prevent their movement. It is the same
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for the parent metal nodes. The flyer sheet nodes’ movement in MPW overlapping case (Figure 11)
was blocked outside the distance that represents the distance between the insulators. In the case of the
MPSW (Figure 12), and since the hump is the only part that will be accelerated from the flyer, all the
other nodes were also constrained.

 
Figure 11. Model in the MPW overlapping configuration with O shape coil.

Figure 12. Model cross section view in the MPSW configuration with O shape coil.

2.4. Mesh and Time Step

The electromagnetic solver uses eight nodes’ brick elements only, and hence the mesh was
controlled to not have any other type of elements in the model. Since we are in a 3D full-coupled
simulation, and to avoid very long simulation times, the length of one element edge le in the
non-active zones was equal to the skin depth δ, and in the active zones it was smaller to have accurate
numerical results:

le =
δ
3

(12)

The time-step Δt for the electromagnetic solver is computed as the minimal elemental diffusion
time step over the elements [30]

Δt =
μ0σ

2
le2 (13)

where μ0 is the magnetic permeability of the material and σ its electrical conductivity.

3. Results and Discussion

3.1. Numerical Comparison of Linear and O-Shape Coils Efficiencies

The presence of a current-carrying conductive metal in a time-varying magnetic field generates
Laplace forces on this metal. The Laplace force acting on an elementary volume dV is expressed in
(14). In the MPW case, the flyer metal is the current-carrying conductive where the mentioned current
is induced due to the time-varying magnetic field generated by the discharged current in the coil.
Consequently, and in accordance with the following Equation (14),
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d
→
F =

→
J ×→B dV (14)

The forces generated are directly proportional to the induced current density in the flyer metal
and the magnetic induction generated by the discharge current, which are also related, since the latter
is the source of the former.

Going back to the Laplace force equation, the O-shape coil design presented in Figure 13 is based
on the idea of improving efficiency by having higher discharge currents and induced currents at the
same levels of energies based on:

• Reducing the inductance of the coil to increase the peak currents (3);
• Putting more charge carriers on the flyer metal in movement to increase the induced currents

magnitude and increasing, at the same time, the current density in the area where the material
should be accelerated.

Figure 13. O-Shape rectangular cross-section.

The measured inductance of the linear coil presented a value equal to 81% of the generator’s
inductance LGen, giving a system total inductance of

L1 = 1.81LGen (15)

The measured inductance of the O-shape coil presented a value equal to 49% of the generator’s
inductance LGen, giving a system total inductance of

L2 = 1.49LGen (16)

Comparing the inductances, the system with the O-shape had a 10% higher peak current
and frequency.

L2 = 0.82L1 (17)

I02

I01
=
ω2

ω1
= 1.1 (18)

To compare the efficiency of the O-shape vs. the linear coil, the developed numerical model was
used to compare the flyer velocities in the MPW configuration case for the thick aluminum 5754-H111
(e f = 1.2 mm). Since the discharge currents are higher in the O-shape coil case, the mechanical strength
of the coil should be higher, and hence two approaches were considered. In the first, the material of the
coil is kept as OFHC copper, but the thickness was increased to 4 mm (i.e., 1.4 times the thickness in the
linear coil case). The second approach involves the use of a 4-mm thickness coil made of steel ASTM
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A36, which has better mechanical properties, and seeing whether the loss in electrical conductivity will
have a high influence on its global efficiency.

Figure 14 presents a comparison between impact velocities for the cases of use of an OFHC copper
O-shape and a linear OFHC copper coil. The velocities at E = 10 kJ in the O-shape coil case are much
higher than these at E = 16 kJ in the linear case. The velocity in the O-shape case is, on average,
1.75 times the velocity in the linear coil shape.

When using a steel O-shape coil, the velocities are 1.55 times the velocities in the linear coil case.
The velocities’ curves at different standoff distances in both cases are presented in Figure 15.

The data presented in Figures 14 and 15 show clearly that the O-shaped coil is far better than the
linear coil and, even when steel is used for the coil, it still has higher efficiency than the linear coil.

Figure 14. Impact velocity comparison between the OFHC O-shape and linear coils (e f = 1.2 mm).

Figure 15. Impact velocities comparison between the steel O-shape coil and linear copper coil
(e f = 1.2 mm).
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3.2. Experimental Validation

The first step in the experimental analysis was to explore the weldability between various metal
sheets with various mechanical properties and thicknesses, using both coils in the same range of
discharge energies (4 kJ ≤ Edischarge ≤16 kJ). The configuration used is the MPSW and the hump
dimensions (Figure 8) are: lh = 8 mm; Lh = 12 mm; l′h = 10 mm, L′h = 18 mm, and hh = 1.6 mm.

Table 10 summarizes the results for different combinations. The limit of the linear coil can be
observed when flyer metal thickness exceeds 1.2 mm, while the O-shape coil succeeded the welds up
to 2 mm.

Table 10. Weldability of different metals alloys using copper linear coil (L) and O shape coil (�:
not welded/�: welded/-: not tested).

Parent
Flyer

5754 5182 6016 DP450 DP1000 DC04

L O L O L O L O L O L O

5754 (0.5 mm) � � � � � � � � � � � �
5182 (1 mm) � � - - - - � � - - � �

5182 (1.2 mm) � � - - - - � � - - � �
5182 (1.4 mm) � � - - - - � � - - � �
5182 (2 mm) � � - - - - � � - - � �

6013 (1.4 mm) - - - - - - - - � � � �
6016 (1 mm) � � - - - - - - - - � �

3.3. Mechanical Testing for the Welding Joints

Now that the weldability of a variety of combinations is proven using the O-shape coil for thick
metal sheets, the strength of welds will be tested. As the focus is the dissimilar welding for automotive
applications, five combinations are tested in quasi-static, dynamic, and fatigue lap-shear configuration:

• Aluminum 5182 (e f = 1.2 mm) with steel DC04 (ep = 0.8 mm) in MPSW configuration;

• Aluminum 6016 (e f = 1 mm) with steel DC04 (ep = 0.8 mm) in MPSW configuration;

• Aluminum 5182 (e f = 1.2 mm) with steel DP450 (ep = 1.17 mm) in MPSW configuration;

• Aluminum 6013-T4 (e f = 1.4 mm) with steel DP1000 (ep = 1 mm) in MPSW configuration;

• Aluminum 6013-T4 (e f = 1.4 mm) with steel DP1000 (ep = 1 mm) in MPW configuration.

For the five combinations, the same steel O-shape coil and the same discharge energy (Edischarge =

16 kJ) are used.
For the MPSW configurations, the same hump dimensions are used: lh = 12 mm; Lh = 20 mm;

l′h = 40 mm, L′h = 55 mm, and hh = 1.6 mm.
For the MPW configuration, the distance between insulators is D =18 mm and the standoff

distance is h = 1.4 mm.
In each case, three specimens are tested, and the results are presented in Table 11 for quasi-static

lap-shear tests, in Table 12 for dynamic lap-shear tests and in Table 13 for fatigue tests.
For 6016/XES dynamic tests, the failure occurred at the aluminum fixation holes at 9000 N without

any failure in the welding for all the tested specimens.
The 5182/DC04 weld shows, in the quasi-static lap shear tests, maximum loads between 6250 and

6750 N, with a displacement between 1.62 and 1.7 mm. The failure was in the weld and a deformation
of the steel in the welding area was observed. The maximum dynamic loads that the weld attained were
between 7900 and 8300 N, with a displacement between 1.38 and 1.53 mm, and the failure occurred in
the welding also. Finally, the number of cycles reached during the fatigue tests was between 25,000 and
28,000 cycles, where a tearing is observed in both aluminum and steel plates during the test (Figure 16).

5182/DP450 weld shows in the quasi-static lap shear tests maximum loads between 9200 and
10,000 N and the displacements are between 1.32 and 1.88 mm. The failure occurred in the welds in all
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the 3 tests. The maximum dynamic loads were between 6100 and 8500 N and the displacements were
between 1.36 and 2.9 mm. The fatigue tests showed that the number of cycles is between 21,000 cycles
and 24,000 cycles.

Table 11. Quasi-static lap-shear tests

Materials
(Flyer/Target)

Welding
Configuration

Fmax—Quasi-Static Lap-Shear Test

Average Average Specimen 1 Specimen 2 Specimen 3

Fmax
(N)

ΔLmax
(mm)

Fmax
(N)

ΔLmax
(mm)

Fmax
(N)

ΔLmax
(mm)

Fmax
(N)

ΔLmax
(mm)

5182/DC04 MPSW 6500 1.63 6250 1.56 6500 1.7 6750 1.62
5182/DP450 MPSW 9400 1.64 10,000 1.88 9000 1.32 9200 1.73
6016/DC04 MPSW 8433 2.15 8500 2.15 8700 2.3 8100 2
6013/DP1000 MPSW 7800 0.98 8400 1.1 7600 1.06 7400 0.77
6013/DP1000 MPW 8767 0.98 9500 1.1 9200 0.95 7600 0.9

Table 12. Dynamic lap-shear tests.

Materials
(Flyer/Target)

Welding
Configuration

Fmax—Dynamic Lap-Shear Test (0.614 m/s)

Average Average Specimen 1 Specimen 2 Specimen 3

Fmax
(N)

ΔLmax
(mm)

Fmax
(N)

ΔLmax
(mm)

Fmax
(N)

ΔLmax
(mm)

Fmax
(N)

ΔLmax
(mm)

5182/DC04 MPSW 8067 1.46 8300 1.48 7900 1.53 8000 1.38
5182/DP450 MPSW 7033 1.88 8500 2.9 6500 1.37 6100 1.36
6016/DC04 MPSW >9000 >9000 >9000 >9000
6013/DP1000 MPSW 7667 3.85 9300 2.75 7400 3.6 6300 5.2
6013/DP1000 MPW 14,233 1.7 14,600 2.32 14,400 1.3 13,700 0.78

Table 13. Fatigue tests results (R = 0; f = 20 Hz).

Materials
(Flyer/Target)

Welding
Configuration

Fmax
(kN)

Number of Cycles

Average Specimen 1 Specimen 2 Specimen 3

5182/DC04 MPSW 4 26,333 26,000 28,000 25,000
5182/DP450 MPSW 5 22,333 21,000 24,000 22,000
6016/DC04 MPSW 4.4 43,000 44,000 42,000 43,000

6013/DP1000 MPSW 4.4 31,000 32,000 30,000 31,000
6013/DP1000 MPW 5 64,333 61,000 69,000 63,000

6016/DC04 weld shows in the quasi-static lap shear tests maximum loads between 8100 N and
8700 N and the displacements are between 2 mm and 2.3 mm. The fatigue tests showed number
of cycles between 42,000 and 44,000 and tearing was observed in both aluminum and steel sheets
(Figure 17). Concerning the dynamic test in this case and for all tested specimens the failure occurred
at the aluminum fixation holes at 9000 N without any failure in the welding.

6013/DP1000 welds were tested in both MPW and MPSW configurations.

• In MPW case: the welds showed quasi-static maximum loads between 7600 and 9500 N with
displacements between 0.9 and 1.1 mm. The dynamic loads are between 13,700 and 14,600 N and
the corresponding displacements are between 0.78 and 2.32 mm. The fatigue tests showed the
number of cycles oscillating between 61,000 and 69,000;

• In the MPSW case: the welds showed quasi-static maximum loads in this case were between 7400
and 8400 N and the displacements were between 0.77 and 1.1mm. The dynamic loads attained
were between 6300 and 9300 N and the displacements were between 2.75 and 5.2 mm. The fatigue
tests showed a number of cycles between 30,000 and 32,000.
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Figure 16. Aluminum 5182 and steel DC04 tearing during fatigue tests.

 
Figure 17. Aluminum 6016 and steel DC04 tearing during fatigue tests.

3.4. Inductor Life Cycle

For heavy duty applications prevalent in automotive industry, the inductor must be capable of
sustaining repeated shocks during impulse welding. As mentioned earlier in Section 3, the acceleration
was imparted to the flyer metal to produce impact velocities, particularly in the case of hard materials
and/or thicker sections, which requires either increasing the discharge current and/or reducing the coil
cross-section. Subsequently, the coil will then itself experiment higher thermo-mechanical stresses
because of the action–interaction properties of the magnetic forces and the significant temperature
increase due to Joule effects. The result will be a faster failure of the coil with increasing discharge
energies (Figure 18a) for a linear coil. As previously mentioned, O-shape coils provide higher impact
velocities compared to straight coil, but what about the life cycle? Table 14 presents the matrix of
tests with different inductors and provides information on the cumulative sustainable and average
energy/shot. The data analysis gives some trends with discharge energy and coil shape:
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• For a straight conductor, the life cycle is drastically reduced from 50 to 10 shots when the discharge
energy is increased from 13 to 16 kJ;

• For O-shape conductors, 50 shots with a discharge energy of 18 kJ are observed. This is the highest
limit, but with decreasing discharge energy, a much higher number of weld shots could be seen,
but this was not evaluated in real terms.

An additional factor is the coil mounting system that has to maintain the inductor in place by
counteracting the magnetic forces experimented by coil due to the action–reaction nature during
repeated shocks. The magnetic forces occur not only between flyer and coil, but also within the
internal parts of the coil itself. This is explicit in Table 14, which shows the effect of a strong coil
hold (polyurethane, Figure 18b or by fiberglass/epoxy resin Figure 1c). As a general observation,
polyurethane mount leads to coil distortion after a small number of shots (about five shots), while fiber
glass/resin hold composite shows only joule heating (50 shots).

Table 14. Matrix of tests with different inductors (in blue O-shape coil with polyurethane support, in
yellow linear coil and in a green O-shape coil with fiberglass/epoxy resin composite support).

Data Analysis

Inductor
#

Shots Per Energy
Total
Shots

Total
Cumulative
Energy (kJ)

Average
Energy
Usage

5 6 7 8 9 10 11 12 13 14 15 16 17 18

9 0 0 0 0 0 0 0 0 0 0 0 3 0 0 3 48 16
8 0 0 0 0 0 3 0 0 3 0 0 1 0 0 7 85 12
7 0 0 0 0 0 3 0 0 3 0 0 3 0 0 9 117 13
3 0 0 0 0 0 3 0 0 2 0 0 6 0 0 11 152 14
4 0 0 0 0 0 4 0 0 3 0 0 4 0 0 11 143 13
6 0 0 0 0 0 3 0 0 5 1 0 3 0 0 12 157 13
5 0 1 3 3 5 2 1 0 1 0 0 3 0 0 19 188 10

14 0 0 0 0 0 3 0 0 5 0 0 25 0 0 33 495 15
10 0 0 0 1 0 6 0 0 10 3 0 14 0 0 34 464 14
13 0 0 0 0 0 7 0 8 4 7 0 16 0 1 43 590 14
12 0 0 0 0 0 15 0 0 16 0 0 16 0 0 47 614 13
2 5 11 10 8 6 6 0 0 7 0 0 0 0 0 53 430 8

 
Figure 18. Effect of different levels of thermo-mechanical stresses for: (a) linear coil, (b) O-shape coil
with PU support, (c) O-shape coil with fiberglass/epoxy resin composite support.

4. Conclusions

Electromagnetic pulse welding between similar (Al/Al) and dissimilar metals (Al/Steel) with
straight (I-shape) and O-shape coils has been investigated using two different layouts, i.e., straight
(MPW) or humped (MPSW) for the lap joints. The conclusions presented herein are relevant to

73



J. Manuf. Mater. Process. 2020, 4, 69

maximum discharge energies up to 16 kJ using copper and steel coils, and a flyer–parent standoff
between 1 and 3 mm. The numerical simulation of straight and O-shape coils using coupled
mechanical/thermal/electromagnetic using LS-DYNA 3D Finite Element Method–Boundary Element
Method code (FEM-BEM) is employed as an asset to estimate the effect of coil shape on the welding
of different alloyed Al–Steel couples. The conclusions of the numerical model are then validated by
experimental production and characterization of lap welds in Al/Al, Al/steel couples of interests in
automotive industry. The main conclusions can be summarized as follows:

1. Simulation suggests that O-shape coils have higher process efficiency when measured on impact
velocity criterion compared to straight (I-shape) coils for identical process parameters (discharge
Energy, flyer–parent gap). Irrespective of the coil material, O-shape coils produce higher impact
velocities which are propitious to effective welding. The maximum impact velocities of 550
and 900 m/s are, respectively, estimated for straight and O-shape copper coils. Impact velocity
increases with standoff linearly for straight coils, contrary to O-shape coils where a velocity
plateau seems to shift towards higher standoffs with increasing discharge energy. For instance,
the plateau onset point moves from 1.6 to 2.1 mm when discharge energy goes up from 10 to
13 kJ for copper O-shape coil. At 16 kJ, the plateau onset is not observed for copper O-shape coil
within the standoff of 2.8 mm;

2. Compared to steel, copper coil is estimated to generate superior impact velocities (900 m/s for
copper O-shape coil vs. 710 m/s for steel O-shape coil at 16 kJ). Copper has a higher electrical
conductivity—lower joule losses—but lower mechanical resistance than steel. Joule losses in steel
coils end up with coil heating and would require cooling to maintain its stiffness in heavy duty
applications as in automotive plants. The disadvantage with copper as coil material stem from
the fact that coil gets heavy recoil pressure from the outgoing flyer sheet, which significantly
reduces the life cycle of coil. Copper coils’ lifetime is reduced to a very few welds as the discharge
energy increases;

3. The life cycle of the O-shape coil is significantly higher than that of the straight coil and is subject
to how the coil is mounted in its holding system. Though reasonable from a theoretical point of
view, this requires further study for a quantitative measure;

4. Higher impact velocities with O-shape coil, derived from numerical calculations, are indirectly
validated by the possibility of welding additional couple sheets that were not straight coil at the
tested discharge energies. For example, 1.4-mm thick 5182 was welded with 5754, DP450, and
DC04; 2-mm thick 5182 with 5754, DP450, DC04, and, finally, 6013 with DP1000. As a general rule,
thicker and materials with higher mechanical characteristics require superior discharge energies
capable of providing higher impact velocities. When the generator has limited disposable energy,
O-shape coil is a preferential choice for electromagnetic pulse welding;

5. Quasi-static, dynamic shear tests along with fatigue test results on different sheet combinations
attest a higher resistance of the spot welds as fracture occurred outside the welds, mostly around
the corners of the welded spots where applied stresses are concentrated.

The investigations reported here are focused on the application of electromagnetic pulses for
the sheet metal welding in automotive applications in view of lightweight hybrid tailored structures,
like body parts. The results do indicate a viable process approach and feasibility, as reported here.

Author Contributions: Conceptualization, C.K., S.M., G.R.; Methodology, C.K., G.R.; Software, C.K., G.R.;
Validation, C.K., S.M., G.R.; Formal Analysis, C.K., S.M., G.R.; Investigation, C.K., G.R.; Resources, C.K., G.R.;
Data Curation, C.K., S.M., G.R.; Writing—Original Draft Preparation, C.K., S.M., G.R.; Writing—Review and
Editing, C.K., S.M., G.R.; Visualization, C.K., S.M., G.R.; Supervision, G.R.; Project Administration, G.R. All authors
have read and agreed to the published version of the manuscript.

Funding: This research received no external funding.

Acknowledgments: The authors wish to acknowledge Faurecia Group for the financial support to conduct this
study which was a part of an innovation program that took place from March 2014 to November 2017.

74



J. Manuf. Mater. Process. 2020, 4, 69

Conflicts of Interest: The authors declare no conflict of interest.

References

1. Messler, R.W. Joining of Materials and Structures: From Pragmatic Process to Enabling Technology;
Butterworth-Heinemann: Burlington, MA, USA, 2004.

2. Grote, K.-H.; Antonsson, E.K. Springer Handbook of Mechanical Engineering; Springer Science & Business
Media: New York, NY, USA, 2009; Volume 10.

3. Gould, J.E. Joining aluminum sheet in the automotive industry—A 30 year history. Weld. J. 2012, 91, 23–34.
4. Solomon, H.D. Fundamentals of Weld Solidification. In Welding, Brazing and Soldering; ASM International:

Novelty, OH, USA, 1993; pp. 45–54. ISBN 978-1-62708-173-3.
5. Cieslak, M.J. Cracking Phenomena Associated With Welding. In Welding, Brazing and Soldering;

ASM International: Novelty, OH, USA, 1993; pp. 88–96. ISBN 978-1-62708-173-3.
6. Wagner, M.; Jahn, A.; Brenner, B. Innovative joining technologies for multi-material lightweight car body

structures. In Proceedings of the International Automotive Body Congress (IABC), Dearborn, MI, USA,
29–30 October 2014; pp. 29–30.

7. Kulkarni, N.; Mishra, R.S.; Yuan, W. Friction Stir Welding of Dissimilar Alloys and Materials;
Butterworth-Heinemann: Oxford, UK, 2015.

8. Matthew Gilloon, C.G. Remote laser welding boosts production of new Ford Mustang. Ind. Laser Solut. 2017,
32, 28–31.

9. Agudo, L.; Eyidi, D.; Schmaranzer, C.H.; Arenholz, E.; Jank, N.; Bruckner, J.; Pyzalla, A.R. Intermetallic Fe x
Al y-phases in a steel/Al-alloy fusion weld. J. Mater. Sci. 2007, 42, 4205–4214. [CrossRef]

10. Rathod, M.; Kutsuna, M. Use of pulsed CO2 laser in laser roll bonding of A5052 aluminium alloy and low
carbon steel. Weld. World 2006, 50, 28–36. [CrossRef]

11. Van der Rest, C.; Jacques, P.J.; Simar, A. On the joining of steel and aluminium by means of a new friction
melt bonding process. Scr. Mater. 2014, 77, 25–28. [CrossRef]

12. Blazynski, T.Z. Explosive Welding, Forming and Compaction; Springer Science & Business Media: New Yok, NY,
USA, 2012.

13. Daehn, G.S.; Lippold, J.; Liu, D.; Taber, G.; Wang, H. Laser impact welding. In Proceedings of the 5th
International Conference on High Speed Forming, Dortmund, Germany, 24–26 April 2012.

14. Vivek, A.; Hansen, S.R.; Liu, B.C.; Daehn, G.S. Vaporizing foil actuator: A tool for collision welding. J. Mater.
Process. Technol. 2013, 213, 2304–2311. [CrossRef]

15. Manoharan, P.; Manogaran, A.P.; Priem, D.; Marya, S.; Racineux, G. State of the art of electromagnetic energy
for welding and powder compaction. Weld. World 2013, 57, 867–878. [CrossRef]

16. Bellmann, J.; Lueg-Althoff, J.; Schulze, S.; Gies, S.; Beyer, E.; Tekkaya, A.E. Measurement and analysis
technologies for magnetic pulse welding: Established methods and new strategies. Adv. Manuf. 2016, 4,
322–339. [CrossRef]

17. Shotri, R.; Racineux, G.; De, A. Magnetic pulse welding of metallic tubes—Experimental investigation and
numerical modelling. Sci. Technol. Weld. Join. 2020, 25, 273–281. [CrossRef]

18. Manogaran, A.P.; Manoharan, P.; Priem, D.; Marya, S.; Racineux, G. Magnetic pulse spot welding of bimetals.
J. Mater. Process. Technol. 2014, 214, 1236–1244. [CrossRef]

19. Manogaran, A.P. Développement du Procédé de Soudage par Point par Implusion Magnétique: Assemblage
Hétérogène Al/Fe. Doctoral Dissertation, Ecole centrale de Nantes, Nantes, France, 2013.

20. Marya, M.; Marya, S. Interfacial microstructures and temperatures in aluminium—Copper electromagnetic
pulse welds. Sci. Technol. Weld. Join. 2004, 9, 541–547. [CrossRef]

21. Aizawa, T. Magnetic Pulse Welding of Al/Cu Sheets Using 8-Turn Flat Coil. J. Light Met. Weld. 2020, 58,
97s–101s.

22. Avettand-Fènoël, M.-N.; Khalil, C.; Taillard, R.; Racineux, G. Effect of steel galvanization on the microstructure
and mechanical performances of planar magnetic pulse welds of aluminum and steel. Metall. Mater. Trans. A
2018, 49, 2721–2738. [CrossRef]

23. Mallick, P.K. Materials, Design and Manufacturing for Lightweight Vehicles; Elsevier: Amsterdam,
The Netherlands, 2010.

75



J. Manuf. Mater. Process. 2020, 4, 69

24. Johnson, G.R.; Cook, W.H. A constitutive model and data for metals subjected to large strains, high strain
rates and high temperatures. In Proceedings of the 7th International Symposium on Ballistics, The Hague,
The Netherlands, 19–21 April 1983; Volume 21, pp. 541–547.

25. Seidt, J.D.; Gilat, A.; Klein, J.A.; Leach, J.R. High strain rate, high temperature constitutive and failure models
for EOD impact scenarios. In Proceedings of the SEM Annual Conference & Exposition on Experimental and
Applied Mechanics, Springfield, MA, USA, 3–6 June 2007; p. 15.

26. Smerd, R.; Winkler, S.; Salisbury, C.; Worswick, M.; Lloyd, D.; Finn, M. High strain rate tensile testing of
automotive aluminum alloy sheet. Int. J. Impact Eng. 2005, 32, 541–560. [CrossRef]

27. Verleysen, P.; Peirs, J.; Degrieck, J. Experimental study of dynamic fracture in Ti6A14V. In Proceedings of
the 4th International Conference on Impact Loading of Lightweight Structures (ICILLS 2014), Cape Town,
South Africa, 12–16 January 2014.

28. Burgess, T.J. Electrical resistivity model of metals. In Proceedings of the 4th International Conference on
Megagauss Magnetic-Field Generation and Related Topics, Santa Fe, NM, USA, 14–17 July 1986.

29. Hallquist, J.O. LS-DYNA Theory Manual; Livermore Soft-Ware Technology Corporation: Livermore, CA,
USA, 2006.

30. Mamutov, A.V.; Golovashchenko, S.F.; Mamutov, V.S.; Bonnen, J.J. Modeling of electrohydraulic forming of
sheet metal parts. J. Mater. Process. Technol. 2015, 219, 84–100. [CrossRef]

© 2020 by the authors. Licensee MDPI, Basel, Switzerland. This article is an open access
article distributed under the terms and conditions of the Creative Commons Attribution
(CC BY) license (http://creativecommons.org/licenses/by/4.0/).

76



Manufacturing and
Materials Processing

Journal of

Article

The Energy Balance in Aluminum–Copper High-Speed
Collision Welding

Peter Groche * and Benedikt Niessen

Citation: Groche, P.; Niessen, B. The

Energy Balance in Aluminum–

Copper High-Speed Collision

Welding. J. Manuf. Mater. Process.

2021, 5, 52. https://doi.org/10.3390/

jmmp5020062

Academic Editor: Steven Y. Liang

Received: 21 May 2021

Accepted: 11 June 2021

Published: 15 June 2021

Publisher’s Note: MDPI stays neutral

with regard to jurisdictional claims in

published maps and institutional affil-

iations.

Copyright: © 2021 by the authors.

Licensee MDPI, Basel, Switzerland.

This article is an open access article

distributed under the terms and

conditions of the Creative Commons

Attribution (CC BY) license (https://

creativecommons.org/licenses/by/

4.0/).

Institute for Production Engineering and Forming Machines (PtU), The Technical University (TU) of Darmstadt,
64287 Darmstadt, Germany; niessen@ptu.tu-darmstadt.de
* Correspondence: groche@ptu.tu-darmstadt.de; Tel.: +49-6151-16-23143

Abstract: Collision welding is a joining technology that is based on the high-speed collision and
the resulting plastic deformation of at least one joining partner. The ability to form a high-strength
substance-to-substance bond between joining partners of dissimilar metals allows us to design a new
generation of joints. However, the occurrence of process-specific phenomena during the high-speed
collision, such as a so-called jet or wave formation in the interface, complicates the prediction of bond
formation and the resulting bond properties. In this paper, the collision welding of aluminum and
copper was investigated at the lower limits of the process. The experiments were performed on a
model test rig and observed by high-speed imaging to determine the welding window, which was
compared to the ones of similar material parings from former investigation. This allowed to deepen
the understanding of the decisive mechanisms at the welding window boundaries. Furthermore,
an optical and a scanning electron microscope with energy dispersive X-ray analysis were used to
analyze the weld interface. The results showed the important and to date neglected role of the jet
and/or the cloud of particles to extract energy from the collision zone, allowing bond formation
without melting and intermetallic phases.

Keywords: collision welding; impact welding; welding window; aluminum and copper; high-speed
imaging; jet; cloud of particles; energy balance; energy extraction; melting

1. Introduction

Mitigating climate change with all its consequences requires in comprehensive strategy.
This includes a massive reduction in CO2 emission by the manufacturing industry and
its products. One factor to reach this goal is consistent lightweight design. In this context,
new joining techniques play an important role by enabling the high-strength joints of
multi-material assemblies.

A promising, environmentally friendly joining technology is electromagnetic pulse
welding (EMPW), which belongs to the group of collision welding processes, such as explo-
sive welding or foil actuator vaporization [1]. All of these welding techniques are based on
the collision of two joining partners, often referred to as moving flyer and stationary target,
at high relative velocity (called impact velocity vimp) and a certain collision angle β [2].
During the oblique collision, a collision front moves along the colliding surfaces, which
is often described by the collision point velocity vc. Due to the high impact velocities
around 200 m s−1 to 600 m s−1, extreme conditions occur in the collision front resulting in
strain rates of up to 106 s−1 and compressive stresses of several GPa [3]. This leads to the
formation of a metal stream by the near-surface layers, called jet, which is pushed ahead the
collision front. Furthermore, brittle layers of oxides and other surface contaminations are
spalled from the strongly deformed surfaces and form a dispersed cloud of particles (CoP)
ahead of the collision front [4]. Both phenomena can interact with each other, with the
colliding surfaces and also with the ambient gas in the welding gap by entrapment and the
stored thermal and chemical energy, as discussed in the literature [5–9]. This interaction
determines the possible joining mechanism (solid-state, solid–liquid coexisting state or
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liquid-state bonding) and depends not only on the selected material and geometry of
the joining partners, but on the collision kinetics, which are often described by welding
windows [9,10]. As EMPW is a highly transient process, the collision kinetics change
continuously. Therefore, it is challenging to predict the weld formation, especially when
dissimilar metals have to be joined.

A prominent dissimilar material combination for EMPW is aluminum (Al) and copper
(Cu), as it is of high importance for e-mobility. Therefore, several studies have been
conducted on this topic in recent years. It was focused on how different process parameters
influence the formation of the weld interface with interdiffusion layers, intermetallic layers
and resulting defects [11–15] and how these parameters can be optimized to obtain high-
quality welds in terms of mechanical and electrical properties [16–19].

However, none of this research addressed bond formation close to the lower limit
of the welding process, which could provide a deeper understanding of the mechanisms
involved due to the higher sensitivity to the process parameters. Therefore, in this paper,
a welding window for aluminum and copper bonds is determined based on previous
studies for the same material combination of aluminum [20] and copper in [21] on a model
test rig for comparable low-impact energies. The following questions are addressed:

1. At which process parameters can Al–Cu-joints be formed and how do the welding
window boundaries differ compared to those of similar material combinations?

2. How does the weld interface develop as a function of the process parameters?

2. Materials and Methods

2.1. Series of Experiments

The experiments of the presented study were performed on a model test rig, see
Section 2.2. The samples used were made by laser cutting from sheets of aluminum
(EN AW-1050A Hx4, thickness: 2 mm) and copper (Cu EPT, thickness: 1 mm), see material
data in Table 1.

Table 1. Used material data of aluminum EN-AW1050A and copper Cu-ETP.

Material EN-AW1050A Cu-ETP

Yield strength Re 105 MPa 202 MPa

Ultimate tensile strength Rm 116 MPa 263 MPa

Density [22] ρ 2.7 g cm−3 8.9 g cm−3

Speed of sound csonic [7] 6250 m s−1 4660 m s−1

Secific heat capacity c [7] 899 J kg−1 K−1 386 J kg−1 K−1

For the main study with Al as the pre-bent flyer and Cu as the target, the impact
velocity was set in a range of vimp = 205 m s−1 to 262 m s−1 to cover the experimental
region of similar material combinations. At each impact velocity, the collision angle was
varied (max. spread: β = 2° to 20°) to determine the weldable region. In a complementary
series, flyer and target material were changed for selected impact velocities (vimp = 214, 234,
254 and 262 m s−1). Furthermore, another complementary study of similar combinations
of Al and Cu at three impact velocities (vimp = 214, 234 and 262 m s−1) was performed
and compared with the welding window determination in [20,21] to verify whether the
modification of the model test rig, described below, influences the bond formation process.

2.2. Model Test Rig and Process Observation

The model test rig, developed at the PtU, Darmstadt, Germany, allowed the colli-
sion welding process to be investigated with constant and precisely adjustable process
parameters using a purely mechanical concept. Figure 1a shows its main components: two
rotors turning synchronously, each with mounted joining partner samples (colliding area:
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length × width: 12 mm × 12 mm). One of the samples was pre-bent to set the collision
angle β, as can be seen in Figure 1b. Each sample was accelerated to half the desired
impact velocity vimp and collided exactly in the center between the two turning points
of the rotors. Since the final impact velocity could not be reached within one revolution,
the rotors had to accelerate with an offset. In a former setup, the offset was realized by
a phase offset of 45◦, which was compensated to initiate the collision [20,23]. After the
collision, the samples are torn off at a predetermined breaking point because the rotors
could not stop immediately. Due to the high dynamics during the compensation, the rotors
and other turning components were geometrically optimized to reduce the mass inertia.
Nevertheless, the concept was limited at an impact velocity of 262 m s−1. Furthermore,
the rotors showed a shortened lifetime due to the occasional collision with the welded or
non-welded samples after the actual welding process [20].

β

Figure 1. The model test rig (a) consisted of two synchronous motor-driven rotors and a disengaging
device. A sample (b) was attached to one end of each rotor, one of which is pre-bent to determine
the collision angle. In the disengaging device a pivoted pin (c) is preloaded by an electric holding
magnet. When the magnet is switched off, the pin engages the helix groove (spin) and the entire rotor
hub (shub) is extended within one revolution.

Therefore, a new mechanism for initiating the collision process was developed.
The necessary offset of the samples was provided by a movable rotor hub which allowed
an axial shift of 15 mm in the direction of the drive shaft during rotor acceleration, as can
be seen in Figure 1c. At the desired turning speed, a preloaded, pivoted pin is released
and engaged in a helix groove on the hub. Due to the defined motion by the cam gear,
the hub’s axial offset could be compensated up to impact velocities of 523 m s−1. Moreover,
the rotors could be made of solid aluminum alloy to increase the service life.

The model test rig concept provided good process observability. Therefore, a high-
speed process observation was implemented by an image intensifier camera hsfc pro (by
PCO, Kelheim, Germany) with a macro lens (Milvus Makro 100 mm f2 by Zeiss, Oberkochen,
Germany) and a CAVILUX Smart lightning laser (power: 400 W and wavelength: 640 nm,
by Cavitar, Tampere, Finland). To determine the collision angle β, a MATLAB script
(version: 2018b, MathWorks, Natick, Massachusetts, MA, USA) with edge detection was
applied to the high-speed images. More detailed information about the observation and
image processing methods can be found in [9,20,21].
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2.3. Analysis of the Weld Interface

The influence of the process parameters on the weld interface was determined in two
different ways. First, the length of the welded interface was measured in the welding
direction in the middle of the welded sample with an optical microscope (Smartzoom 5 by
Zeiss, Oberkochen, Germany) and related to the length of the overlapped samples for a
variation of impact velocity and collision angle.

Furthermore, the weld interface characteristics at three different sets of process param-
eters were analyzed using cross-sections. Due to the small thickness of the weld interface
zone, the cross-sectional plane was tilted by 80◦ along the welding direction vector to
increase the occurring interlayer. Hence, a perspective distortion had to be considered
in the following. The sections were examined with the optical microscope and with a
scanning electron microscope (SEM) with energy-dispersive X-ray spectroscopy (EDX)
(Mira by Tescan, Brno, Czech Republic).

3. Results

3.1. Welding Windows

In this section, the welding windows for the different series of experiments are pre-
sented. The examined welding windows of Al–Al and Cu–Cu are shown in Figure 2,
whereas the examined welding windows of Al as flyer and Cu as target (a) and of Cu as
flyer and Al as target (b) are shown in Figure 3. An experiment was defined as bonded,
when the two joining partners could not be manually separated.

In order to analyze the results, the following boundaries known from the literature
were added to the welding windows. The minimum impact velocity to form a bond is
described as surpassing the dynamic elastic limit in the near-surface layers, due to the local
pressure from the impact [24]. In this region, metal behaves like a fluid and can form a
jet [25,26]. An approximation of the minimal impact velocity normal to the flyer surface
can be calculated by an empirical expression of the ultimate tensile strength Rm and the
material density ρ [27]:

vp,krit =

√
Rm

ρ
. (1)

As the controlled impact velocity at the test rig (see Figure 1b) is normal to the target
surface, the equation was supplemented by the trigonometric relationship:

vimp,krit =
vp,krit

cos β
. (2)

On the other hand, no jet can be formed, when the collision point velocity exceeds
the speed of sound of the material [25,26]. The resulting βsonic = f (vimp) was done by
Equation (A1) and plotted as the dash dotted line in the welding windows. The dashed
line represents the determined upper collision angle boundaries βmax from experiments
at a former setup with the same materials [20,21], as can be seen in the welding windows
in the Appendix B. The corresponding empirical equations of the boundaries are listed
in Appendix A. Both material combinations deviated at higher impact velocities to larger
collision angles and showed no clear transition for copper. A closer look at the bonded
area at the joints of these experiments revealed that only small regions were welded, which
could also be considered as (almost) not welded.
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Figure 2. The resulting welding windows for similar combinations of Al–Al (a) and Cu–Cu (b). To im-
prove the visibility of the data points, welded experiments are plotted with +0.5 m s−1, non-welded
with −0.5 m s−1. vimp,krit is the minimal impact velocity calculated by Equation (2). The subsonic
boundary angle βsonic represents the surpassing of the speed of sound in the material by the collision
point velocity. The upper collision angle boundary βmax was obtained from the previous welding
window investigation [21].
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Figure 3. The welding windows of Al as flyer and Cu as target (a) and of Cu as flyer and Al as target
(b). To improve the visibility of the data points, welded experiments are plotted with +0.5 m s−1,
non-welded with −0.5 m s−1. The determined boundaries of the welding windows of Al–Al (gray)
and Cu–Cu (orange) were added, as can be seen in Figure 2. The upper collision angle boundary βmax

of Al–Cu (black) was linear approximated as those of the similar material combinations. The minimal
impact velocity vimp,krit of Al–Cu (black) was calculated with Equation (2) and the corresponding
mean values of ultimate tensile strength and density of both materials, as can be seen in Section 4.
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Regarding the mixed material combination, the minimal collision angles for experi-
ments with a bond were mainly larger than the calculated supersonic limits of both similar
material combinations, see Figure 3a. The upper boundary could be linearly approximated
with a similar gradient to the former determined values of Al–Al and Cu–Cu, while its
ordinate intercept was located between the ones of the similar combinations, as can be seen
in Appendix A. Due to the mixed material combination, no minimal impact velocity could
be calculated by Equation (2). The complementary series with a changed flyer (Cu) and
target (Al) did not show a significant difference considering the determined boundaries, as
can be seen in Figure 3b.

3.2. Formation of the Weld Interface

Figure 4 shows the size distribution of the bond formation across the welding window.
The variation of the impact velocity (a) exhibited that large areal welded joints could be
obtained even for low-impact velocities. Considering the results for different collision
angles (b), a plateau of at least 80% welded interface was formed almost over the whole
weldable region at an impact velocity of vimp = 262 m s−1. Furthermore, a sharp transition
with only small formed welds towards the upper and lower boundary was visible.

Figure 4. The ratio of welded to overlapped length of the samples for different impact velocities at a
constant collision angle of approximately β = 5.0° (a) and for different collision angles at a constant
impact velocity of vimp = 262 m s−1 (b).

Regarding the microstructure of the weld, the micro sections revealed that the weld
interface strongly differs depending on combination of the process parameters, even if one
of them was kept constant, as can be seen in Figure 5. The weld interface of (a) (β = 4.9°
at vimp = 214 m s−1) was quite steady over the whole length with small and short waves.
No transition layer was visible, even by this tilted preparation of the cross-section, as
can be seen in Section 2.3. This was confirmed by EDX-analysis, which showed a distinct
transition of element distribution at a representative location of the weld interface, as can
be seen in Figure 6a.

In contrast, at the same angle but at a higher impact velocity (262 m s−1), the interface
exhibited two welded regions separated by a porous and rough non-welded region, as can
be seen in Figure 5b. The first welded part showed a thick interlayer with different islands
of element distribution, as can be seen in Figure 6b. Such layers were also found by other
research groups for this material combination and were identified as intermetallic phases,
formed by local melting [28,29]. In the following, the interlayer of the second welded
region thinned out more and more until it was barely visible and faded out at the end of
the samples.
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Figure 5. Cross-sections of the weld interface at three different parameter sets. The optical microscopy
images show the initiation and the end of the welds and for (a,c) the middle of the weld interface.
The sample in (b) was largely not welded but exhibited two welded areas in the second and fourth
quarters of the section, the beginnings and ends of which are shown.
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Figure 6. SEM images with EDX analysis at prominent locations of the cross-sections shown in
Figure 5.
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When the collision angle was increased to 8.5°, another unsteady type of weld interface
occurred, as can be seen in Figure 5c. While at the beginning, the interface was similar to (a),
it developed large waves with typical vortices and detachments. These waves continued
even after the end of the weld, and particles of the mating material adhered to the surfaces
as if it had first been welded and then separated. However, along the whole weld interface,
no thick interlayer was visible or detected by the EDX.

No residue resulting from jet formation was visible at any of the weld interfaces,
possibly due to the limited magnification of the optical microscopy. Moreover, no inclusion
of the CoP could be detected by EDX search for oxides, although some of the pores in the
interfaces might suggest this, as shown in [12].

4. Discussion

Before discussing the boundaries of the process windows below, it is worth taking a
closer look at the size distribution of the weld interface and the definition of bond formation.
As shown in Figure 4, the size of the weld interface varied across the welding window and
dropped from a plateau to almost zero—close to the collision angle boundaries. This is in
good agreement with the former investigation for the similar material combinations [9,30].
Joints in this region may not be relevant for industrial application. However, the definition
of a joint in Section 3.1 was chosen to consider the range of process parameters which
physically enables bond formation and to investigate the influencing phenomena. In this
context, the comparison of the welding windows of Al–Cu joints with the similar material
combinations of Al–Al and Cu–Cu reveals a related trend with respect to the lower and
upper collision angle boundaries, as can be seen in Figures 2 and 3.

In previous research, the upper collision angle boundary of the welding window
has been related to the collision kinetics and the mechanical properties of the materials,
the relationship of which influences the formation of a jet in terms of a dense metal
stream [9,21]. The jet formation depends on the local surpassing of the dynamic elastic limit
of the material by high pressures at the collision zone [24]. The local pressure conditions
can be related to the momentum and the collision angle. The momentum depends on the
total impact velocity and the inertia of the colliding joining partners. In this context, it is
plausible that the upper boundary of the dissimilar combination is located between the
two of the similar combinations, which is also visible in the comparison of the ratios of the
momentum and the upper boundary angles for Al–Al/Cu–Cu and Al–Cu/Cu–Cu, as can
be seen in Table 2.

Table 2. Ratios of the momentum and upper boundary angle βmax of Al–Al and Al–Cu related to
Cu–Cu. The calculation of the momentum is listed at Appendix C. The upper boundary angle was
calculated by the equations in Appendix A.

Ratio of Momentum Ratio of βmax

Al–Al/Cu–Cu 0.60 0.57
Al–Cu/Cu–Cu 0.80 0.73

In this context, a different behavior of jet formation could be expected in the experi-
ments with changed flyer and target due to the reversed inertia in the asymmetric collision
setup and assuming that the flyer undergoes most of the plastic deformation. However, no
significant deviation of the upper collision boundary was exhibited. An explanation for
this could be the results by Kakizaki et al. because they showed by numerical simulation
that for dissimilar material combinations with large density difference, such as Al and Cu,
the jet was not formed from the flyer material, but was mainly composed of the lower
density material [31].

In previous studies, the minimum impact velocity to initiate bond formation for Al–Al
was experimentally determined as 205 m s−1, which is close to the intersection of the upper
boundary line (Equation (A2)) and the supersonic boundary curve (Equation (A1)), see
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Figure A1a and [20,21]. Furthermore, the empirical approximation for the minimum im-
pact velocity by Wittman (Equation (1)) is close to this value, calculated as approximately
207 m s−1. The minimal impact velocities for Cu–Cu and Al–Cu have not yet been deter-
mined experimentally. Both can be estimated by the experimental results as described
above. However, for Cu–Cu, the values of the intersections of the upper collision boundary
line with the supersonic boundary curve (132 m s−1) and the empirical approximation
for the minimum impact velocity by Wittman (172 m s−1) diverge. Thus, experimental
verification is needed. For the dissimilar material combination Al–Cu, the intersection of
the upper collision angle boundary and the minimal weldable collision angle boundary,
which is higher than the supersonic limit of both materials and will be discussed below,
occurs at about 185 m s−1. Wittman’s approach is not defined for a dissimilar material
combination, but using the corresponding mean values of ultimate tensile strength and den-
sity of both materials delivers a suitable measure with 181 m s−1. However, this extended
approximation has to be validated for other material combinations.

As for the lower collision angle boundary of the dissimilar material combination,
the supersonic boundary was not responsible for the failed bond formation. However,
previous studies revealed that the CoP, which is pushed ahead in the joining gap by the
collision front, may prevent bond formation at small collision angles. In fact, the high
roughness of the colliding surfaces can cause the CoP to be trapped by the collision front,
inhibiting the particles from contacting the virgin base material [21,30,32]. However, since
the EDX analysis did not detect any oxides, this is not the reason in the present study.
However, the formation of large intermetallic phases at the weld interface in Figure 5b
and the porous structure indicate excessive melting, which partially prevented bond
formation. Recently, a correlation between the extent of the emitted light of the CoP and the
temperature in the joining gap was shown [8]. Comparing the conditions in the welding
gap close to the lower collision angle boundary, the CoP at the Cu–Cu and the Al–Cu
configuration emitted a bright glow, which is not visible for Al–Al at the high-speed images,
see Figure 7. The total kinetic energy of the experiments with Cu is higher due to the
higher accelerated mass and it can be assumed that higher temperatures were reached in
the collision zone for both Cu–Cu and Al–Cu. As the melting temperature of Al is distinctly
lower than for Cu, the melting of Al can be expected in the latter configuration. Due to the
mechanical concept of the model test rig, an estimation of the temperatures at the weld
interface is possible. The following simplifications are assumed:

1. The energy input to the welding process Ekin is the sum of the kinetic energies of the
joining partners, which is partially stored as potential energy in the material during
plastic deformation (about 10–15%) [7]. The remaining amount is transformed to heat,
which is conservatively estimated with 80% in the following calculations.

2. This heat is concentrated in the near-surface layers under adiabatic conditions, where
the majority of the plastic strain occurs [33].

β β β

Figure 7. High-speed imaging series of the collision with different material parings at a similar
progression point of the collision: Al–Al (a); Cu–Cu (b); Al–Cu (c). All experiments were driven
at vimp = 262 m s−1 and closely above the lower collision angle boundary of Cu–Cu and Al–Cu.
The exposure time was 20 ns for all experiments. The arrows indicate the CoP.
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Based on these assumptions and adapting the equation of heat transfer, the following
equation allows to analytically calculate the thickness tm of a melted layer:

tm =
0.8 · Ekin

l · w · (Tm,Cu + 273K) · (cAl · ρAl + cCu · ρCu)
, (3)

where l is the length and w is the width of the samples, Tm,Cu is the melting temperature
of Cu, cAl and cCu is the specific heat capacities and ρAl and ρCu the densities of Al and
Cu. Inserting the corresponding values predicted a melted layer of 9.3 μm for an impact
velocity of 214 m s−1 and a melted layer of 13.6 μm continuous thickness over the whole
weld interface for 262 m s−1.

However, even in the cross-section in Figure 5b, no continuous melted layer of these
thicknesses was visible. These findings are in good agreement with the literature [11–16,33].
Li et al. described the formation of intermediate zones, especially waves and vortices,
by local melting due to local plastic deformation causing high shear instabilities and
an adjacent inter-diffusion layer of 70 nm thickness, formed below the melting point of
aluminum combined with ultrahigh heating and cooling rates of about 1013 K s−1 [14,15].
However, these cited values are from simulations and experiments with process parameters
(vimp = 600 m s−1, β = 20°) much higher than those used in the present paper. In another
study of this group, the development of the microstructure at the weld interface during
EMPW was investigated. For this purpose, the weld interface was divided into different
zones by its appearance and in dependence on the collision angle and impact velocity [33].
One region was formed without any trace of melting, although the determined minimal
impact velocity was higher than 300 m s−1. Consequently, a considerable amount of energy
must be extracted from the weld interface.

Lysak et al. deduced an energy balance for explosive welding, where an energy loss
Wjet is defined by the kinetic and thermal energy of the jet [34]:

Wjet = Wjet,k + Wjet,t = mjet

(
v2

jet

2
+ c · ΔT

)
, (4)

where mjet is the mass of the jet, vjet is the velocity of the jet, ΔT is the temperature of the jet
and c is the specific heat capacity of the jet material. However, their calculated contribution
to the stored energy in the jet was negligible compared to the large amount of energy
induced by the detonation. In contrast, the energy input at the model test rig and also at the
EMPW is much lower, which is why the energy loss of the jet could have a greater impact
and explain the lower temperature in the collision zone. Since no residuals of the jet in the
form of a solid stream could be detected in the cross-section, the CoP, that accumulates
during the collision process, see Figure 8, can largely remove heat from the collision front.

Hence, the temperature of the combined mass stream consisting of the jet and/or
the CoP can be estimated by rearranging Equation (4) and making the subsequent further
assumptions:

1. The mass stream must extract at least enough heat from the collision zone so that the
melting temperature of Al (Tm,Al) is not reached at the interface. The volume of the
adiabatic region Vinterface is estimated as 12 mm · 12 mm · 10 μm, where it is assumed
to be symmetric around the interface for both joining partners. The thickness of
adiabatic heating is chosen as 10 μm, which is in accordance with the findings of [33].
This assumption results in a heat input to the interface of:

Qt,interface <= (cAlρAl + cCuρCu) · Vinterface · (Tm,Al − 293 K). (5)

Considering the micro-sections in Figure 5, the actual thickness of the adiabatic region
might be smaller, which is why even more energy would have to be extracted by the
jet and/or the CoP.
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2. As mentioned before, it is assumed that 80% of the kinetic energy is transformed into
heat. Together with the previous estimation, the total energy of the CoP and/or the
jet is:

WCoP/jet = 80% · Wkin − Qt,interface. (6)

3. In previous studies, no loss of mass during the welding of Cu–Cu could be detected
by a scale with a resolution of 0.001 g, [21]. This determines the maximum total mass
of the jet and the CoP (mCoP/jet) for the calculation.

4. The velocity of the CoP is presumed to be the velocity of the jet and can be calculated
by its progression in the high-speed images in Figure 8 and the frame delay, as can be
seen in Table 3.

5. Most of the mass stream mainly consists of material with lower density (in this case
Al) which is predicted by various simulations in the literature [24,31]. Therefore, the
specific heat capacity of Al is used for the calculation of the temperature of the CoP
and/or jet.

Figure 8. High-speed imaging of three different process parameter sets. The exposure time was 20 ns
for all experiments.

All these estimations lead from Equation (4) to the following equation for the temper-
ature of CoP and/or the jet:

TCoP/jet =
WCoP/jet

cAl · mCoP/jet
−

v2
CoP/jet

2 · cAl
+ 293 K. (7)

Inserting the determined and assumed values delivers the results for the two configu-
rations without melting in the weld interface in Table 4. The temperature for configuration
vimp = 262 m s−1 and β = 4.9° was not calculated as melting largely occurred along the in-
terface, which does not allow us to estimate the maximal temperature at the weld interface.
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Table 3. The velocity of the CoP vCoP at different impact velocities vimp and collision angles β. It was
calculated by the averaged progression pCoP of pikes of the CoP between two sequenced high-speed
images with a frame delay tdelay in Figure 8.

vimp in m s−1 β in ° pCoP in mm tdelay in ns vCoP in m s−1

214 4.9 1.5 520 2836
262 4.9 2.4 600 3990
262 8.5 1.9 600 3165

Table 4. The temperature of the CoP and/or jet TCoP/jet at different impact velocities vimp and
collision angles β calculated by Equation (7).

vimp in m s−1 β in ° TCoP/jet in K

214 4.9 836
262 8.5 4810

It has to be stated that the calculation above neglects the interaction of the CoP and/or
the jet with the ambient medium in the closing gap which may also be heated by the high
compression rate. Furthermore, some parts of the CoP and/or the jet may interfere with
the surfaces in front of the collision zone which may return heat in the collision zone.
However, both interactions are also dependent on the process parameters’ collision angle
and impact velocity. Regarding the assumptions and simplifications above, the actual
temperatures might be even higher. Nevertheless, the determined value for 262 m s−1

corresponds to the regime studied earlier for the CoP at an EMPW configuration of Al and
steel, which provided a temperature of 5600 K at a maximal impact velocity of 245 m s−1 [8].
As the temperature was measured by the light emission of the process glare, it can be
considered as an average of the temperature development during the unsteady process.
In this context, the approach above seems to be a promising extension for the energy
balance in collision welding.

5. Conclusions

The following conclusions concerning the welding window boundaries of Al–Cu can
be drawn by the findings of the present paper:

• The boundaries of the welding window for the dissimilar material combination largely
correspond to those of the welding windows of Al–Al and Cu–Cu.

• The upper boundary of the collision angle of Al–Cu is between the boundaries of the
similar material configurations with a ratio that can be related to the total momentum
of the collision. However, no dependence of the boundary on the configuration of
switched flyer and target material (Cu–Al) was found. A different behavior is expected
for a collision weld setup with a moving flyer and stationary target due to different
collision kinetics.

• The critical impact velocity of Al–Cu for the initiation of bond formation shows a
dependence on the intersection of the upper and lower collision angle boundaries,
like the similar material configurations. The modified empirical approximation by
Wittman can also be applied for Al–Cu, whose universal applicability has to be
validated for other dissimilar material combinations.

• The lower collision angle boundary for Al–Cu is higher than the supersonic limits
of both materials and is subject to a different mechanism. The presented findings
indicated that excessive melting of Al prevented bond formation at small collision
angles due to the higher energy input compared to the configuration of Al–Al.

• Therefore, the energy extraction by the CoP and/or the jet from the collision zone
is crucial for prevailing mechanisms in low-energy collision welding. If too much
energy remains as heat in the collision zone, melting will occur and influence the weld
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interface formation or even prevent permanent bonding. In the future, the adjustment
of the parameters will be further investigated in order to define the transition region
for melting in the weld interface in dependence on the process and material parame-
ters. This will allow for the more precise prediction of high-strength joints between
dissimilar materials without the negative influence of excessive brittle intermetallic
phases.
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PtU Institute for Production Engineering and Forming Machines
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Appendix A. Material Data and Equations for the Calculation of the Boundaries of the

Determined Welding Windows

Appendix A.1. Lower Collision Angle Boundary by the Supersonic Limit

The supersonic limit is reached, when the collision point velocity vc reaches the speed
of sound of the material csonic. The corresponding boundary angle βsonic is calculated by
the trigonometric relationship from Figure 1b.

tan β =
vimp

vc
⇔ βsonic = arctan

vimp

csonic
(A1)

Appendix A.2. Upper Boundary Collision Angle

Aluminum–Aluminum
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βub,AlAl(vimp) = 0.095 ° s m−1 · vimp − 17° (A2)

Copper–Copper

βub,CuCu(vimp) = 0.095 ° s m−1 · vimp − 11° (A3)

Aluminum–Copper

aub,AlCu(vimp) = 0.095 ° s m−1 · vimp − 14.8° (A4)

Appendix B. Complementary Welding Windows

Figure A1. The welding windows for similar combinations of Al–Al (a) from [20] and Cu–Cu (b)
from [21]. To improve the visibility of the data points, welded experiments are plotted with +0.5 m s−1,
non-welded with −0.5 m s−1. vimp,krit is the minimal impact velocity calculated by Equation 2.
The subsonic boundary angle βsonic represents the surpassing of the speed of sound in the material
by the collision point velocity. The upper collision angle boundaries βmax were linear approximated.
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Appendix C. Calculation of the Momentum

pAlAl = 2 · mAl · vimp (A5)

pCuCu = 2 · mCu · vimp (A6)

pAlCu = mAl · vimp + mCu · vimp (A7)
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Abstract: Many important physical phenomena are governed by intense mechanical shock and
impulse. These can be used in material processing and manufacturing. Examples include the
compaction or shearing of materials in ballistic, meteor, or other impacts, spallation in armor and
impact to induce phase and residual stress changes. The traditional methods for measuring very high
strain rate behavior usually include gas-guns that accelerate flyers up to km/s speeds over a distance
of meters. The throughput of such experiments is usually limited to a few experiments per day
and the equipment is usually large, requiring specialized laboratories. Here, a much more compact
method based on the Vaporizing Foil Actuator (VFA) is used that can accelerate flyers to over 1 km/s
over a few mm of travel is proposed for high throughput testing in a compact system. A system
with this primary driver coupled with Photonic Doppler Velocimetry (PDV) is demonstrated to give
insightful data in powder compaction allowing measurements of shock speed, spall testing giving fast
and reasonable estimates of spall strength, and impact welding providing interface microstructure
as a function of impact angle and speed. The essential features of the system are outlined, and it is
noted that this approach can be extended to other dynamic tests as well.

Keywords: impact deformation; vaporizing foil actuator; powder compaction; spallation; inclined
collision welding

1. Introduction

Equation of state (EOS) describes the states and thermodynamic properties of the material,
and its measurement is of immediate interest in military, automobile, aerospace, and other several
manufacturing applications [1]. Numerous approaches have been developed for obtaining the EOS of
a variety of materials through dynamic shock wave compression [2], static compression [3] and static
coupled with dynamic compression techniques [4]. To investigate material behavior under dynamic
loading, dedicated facilities such as gas guns, rail guns, shock guns, electrothermal gun accelerators,
laser driven flyer impacts and even explosives have been used effectively [5–10]. The present work
attempts to formalize and standardize new techniques that can make dynamic studies more accessible
and improve throughput dramatically. Vivek et al. [11] have developed the Vaporizing Foil Actuator
(VFA) technique for many impulse and impact processes, such as impact welding [12,13], forming and
embossing [14], shearing [15], and high-energy rate metalworking [16]. In this method, the pressure
created from the electrically driven rapid vaporization of a thin aluminum (Al) foil is used to generate
an immense transient pressure that can be used to launch projectiles to velocities well in excess of
1 km/s. Flyer speeds can be accurately measured with a laser-based technique, Photonic Doppler
Velocimetry (PDV), the working principles for which can be found elsewhere [17]. In the present work,
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three critical dynamic material phenomena are shown as examples of the utility of this system: powder
compaction, spallation, and impact welding.

Dynamic powder compaction (DPC) can reach higher densities than static compaction [18] and
offers near-net-shape part fabrication by which subsequent finishing operations are minimized or
eradicated, resulting in cost-effective manufacturing [19]. All consolidation processes including
conventional hydraulic pressing, forging, hot/cold isostatic pressing, triaxial compaction [20] retain
residual porosity, which during the sintering process leads to dimensional changes. Several DPC
techniques using explosive compaction, gun-type units, hydraulic impact, spring-loaded hammers,
and electromagnetic impulse units have been reported to improve the green density of compacts [21].
Green compacts with low defects and uniform density are essential for the fabrication of a high strength
with little and uniform shrinkage. For DPC, higher densification is ascribed to the passage of the
shock wave through the powder when the impact source hits the powder mass. Sethi et al. [22]
demonstrated that DPC yields better green strength of the compact compared to the conventional
compaction technique. Wang et al. [23] carried out DPC by high-energy impact delivered by a hammer
with a mass of 135 kg traveling at speeds of 7–10 m/s. The result showed that the green density and
bending strength of compacts increase with an increase in impact velocity due to an increase in shock
wave pressure. Sometimes, multiple impacts have also been used to increase green density [24,25]
In the past, particular interest has been given to DPC of metallic powders using explosives [26,27].
Though very high densities have been achieved, there have been issues with reflected shock waves
producing cracking after initial consolidation [26,27].

Spallation is one of the significant modes of material failure during high-velocity impact. During
impact, the interaction of the incident and reflected shock waves inside the material causes an internal
fracture and separation of the outer surface. Knowledge of the spall strength of the material is essential
in designing armor, military vehicles, and aircraft structures [28–30]. In this regard, Forbes [31]
indicated that the Hugoniot Elastic Limit (HEL) is dependent on the thickness of the specimen and
ultimately affects the spall strength of the component. Apart from these, it was concluded that the
spall strength depended on several factors, including the processing route of material, anisotropy of
the material and directional distribution of the second phases. In recent years, significant advances
have been made to generate high tensile stress at high strain rates, which led to the generation of the
database for known strategic materials [32–34]. Copper has been used as a common model material
to study incipient spall strength and its correlation to microstructure and crystal orientation [35,36].
Hence, considering the vast amount of data available, the polycrystalline copper material (Cu110) was
chosen for the present work.

Impact welding is a high strain rate, solid-state joining process. It is complex and involves high
pressure and high local strains. These cause removal of the initial surfaces by jetting and the high
pressure produces intimate contact. High transient temperatures can also cause melting and the
formation of brittle intermetallic compounds. Furthermore, the process can cause wave formation
dominated by fluid dynamics. Several groups have studied these phenomena and supporting
microstructural representation can be found in the literature by Lee et al. [37]. Kuzmin and Lysak [38]
experimentally proved that successful collision welds depend not only on the impact velocity but
also on the collision angle. Zhang et al. [39] reported that successful collision welds are generally
obtained when the collision velocity is between 150 and 1500 m/s and the collision angle is between
5◦ and 20◦. With optimal welding parameters, melting can be favorably suppressed and localized
or eliminated, creating minimal to no intermetallic formation. Metals that are difficult or impossible
to join using conventional welding methods are therefore able to be joined using collision welding
technique. In this regard, different welding technologies viz. explosive welding [40,41], magnetic
pulse welding [42], underwater explosion [43] and laser impact welding [44] have been extensively
used in the past, and the limitations of these techniques are mentioned by Ngaile et al. [45]. Recently,
vaporizing foil actuator welding (VFAW) techniques have been extensively used to weld the target
with varying oblique angles for a different class of materials including AA1100-O to AISI1018 [46], 15-5
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PH SS [47], Cu110 to CP-Ti [48,49], OFHC copper to Grade 2 Ti [50] and many more combinations of
exotic materials. A versatile tool based on the vaporizing foil actuator is described here, and the first
results from the aforementioned three experiments are presented.

2. Materials and Methods

In the present work, the VFA technique assisted projectile acceleration and the impact drove
impulse-based dynamic characterization experiments in powder compaction, spallation, and collision
welding of inclined target samples. A similar approach using electric gun technology at Lawrence
Livermore Laboratory discusses problems of interest to shock-wave researchers [51,52]. For this
purpose, a chamber for dynamic processing and characterization was designed and fabricated at the
Impulse Manufacturing Laboratory at The Ohio State University (http://iml.osu.edu). A schematic CAD
model and fabricated chamber with details are depicted in Figure 1. The chamber is equipped with
an automated pneumatic control pedestal system to transmit and control energy. The base structure
of the operational level inside of the chamber is electrically insulated using Garolite G-10 material
(glass-fiber-reinforced epoxy) material. The chamber has ports to allow entry to focusing probes from
a time-domain multiplexed 16-channel PDV system. This PDV system is built with standard arrays of
4 × 4 probes that allow measurement of workpiece velocity, position, and acceleration and its essential
construction is described in greater depth elsewhere [17]. The 16-channel PDV system allows for a
more accurate and higher resolution measurement of deformation fields generated by VFA launch
or impact.

 

Figure 1. (a) A rendered CAD-model schematic and (b) actual photo of the chamber.

The measurement of impactor speed is carried out separately from material characterization
experiments. Figure 2a depicts the schematic of the dynamic experimental setup with the PDV probe
for the measurement of impact velocity. A tool steel (S7 steel) barrel with a total length of 30 mm and
an inner bore diameter of 12.8 mm was used to house the projectile. Aluminum (Al 6061-T6) projectiles
with 12.5 mm diameter with different lengths of 10 mm and 5 mm were used to understand its effect
on the impact velocity. Additionally, a composite projectile consisting of a 1-mm-thick steel impactor
(AISI 1018) backed by a 4-mm-thick aluminum puck (Al 6061-T6) was used in order to increase the
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impact pressure. An industrial adhesive (J-weld) was used to join the impactor and puck. Furthermore,
graphite-based lubricant or motor oil was used to reduce friction from the bore wall and increase
projectile speed. A thin piece of polyvinyl chloride (PVC) and an aluminum sheet (6061-T6) of 1 mm
was placed at the bottom of the barrel to increase the stability and efficiency of the plasma-driven
acceleration of the projectile, separating the projectile from two-layered aluminum foils. Two layers
of aluminum foils (Al1100) with a thickness of 0.0762 mm were connected to the copper terminals.
The copper terminals are connected to the terminals of the capacitor bank.

 

Figure 2. A schematic showing: (a) the experimental setup for the measurement of projectile velocity
using the Photonic Doppler Velocimetry (PDV) probe, (b) powder compaction of commercial pure
titanium (CP-Ti), (c) spalling of copper (Cu110) plate, and (d) 20◦ inclined collision welding between
copper (Cu110) and steel (AISI 1018).

For all experiments, a current with an amplitude around 200 kA was rapidly discharged from
the capacitor bank through the terminals to the aluminum foils, causing nearly instant vaporization
of the foil, as has been detailed elsewhere [11,53]. The generated impulse plasma pressured and
sheared the PVC and aluminum sheets through the barrel, accelerating the projectile to a high velocity
traveling along the barrel. The input energy was set to be 14 kJ. The capacitor bank is a 16-kJ
commercial Magneform system with a total capacitance of 462 μF, short circuit current rise time of
12 μs, an inductance of 100 nH, and resistance of 10 mΩ. All the conductive parts of the fixture were
insulated with KaptonTM tape to avoid alternate current paths other than through the foil. A piece of
transparent polycarbonate was placed at the top of the barrel, and a steel backing block with a hole
pattern was positioned on top of the polycarbonate to secure and protect the PDV probe. A 25 mm
focuser probe was used to measure the projectile velocity and a collimator was used to measure the
velocity of free surfaces.

After determining projectile velocity, the same experimental setup was used for powder
compaction, spallation, and collision welding of inclined target samples as shown in Figure 2b–d,
respectively. For carrying out powder compaction experiments, commercially pure titanium (CP-Ti)
powder was filled inside the upper barrel as depicted in Figure 2b. Detailed material description
of the used CP-Ti powder can be found elsewhere [15]. Thin steel foil (SS304) just above the lower
barrel was used to hold the powder, and the steel foil (SS304) at the top was used to measure the
free surface velocity of the compacted powder. For spallation experiments, a 4 mm thick copper
target (Cu110) was kept at the top of the lower barrel and backed by an upper barrel as presented in
Figure 2c. Polycarbonate was kept at the top of the barrel to capture the spalled fragments. In order to
study impact welding, a specific angle of 20◦ was machined into a 4mm thick copper target plate as
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shown in Figure 2d. This inclined target provides the collision angle required for impact welding.
Finally, the PDV data collected was exported to MATLAB to analyze the speed resulting from initial
projectile velocity and subsequent experiments. The voltage and current traces from the corresponding
experiments were also collected using a 1000:1 BK PR28A voltage divider and a 50 kA: 1 V Rogowski
coil, respectively.

3. Result and Discussion

3.1. Effect of Projectile Configuration on Impact Velocity

As discussed earlier, VFA experiments using different projectile lengths and masses were used to
understand their effect on impact velocity. The output of time-based evolution of current, voltage,
and velocity using an aluminum projectile with 10 mm length at 14 kJ energy input is shown in
Figure 3a. The voltage profile showed a sudden pop-in trace around 15 μs, and the instance is usually
referred to as the shock burst out time. This kink in voltage is due to foil vaporization into high-pressure
plasma [15]. Subsequently, an increase in voltage and a decrease in current was observed. At the
same instance, the projectile started to gain its momentum, and the projectile approached a stagnation
velocity of 310 m/s at about 40 μs. The velocity trace of different projectile configuration with 14 kJ
input energy is shown in Figure 3b. It can be observed that the impact velocities were 310 m/s, 387 m/s
and 372 m/s for an aluminum projectile with a 10 mm length, 5 mm length, and a composite projectile,
respectively. Similarly, it is evident from the figure that the higher mass in the composite projectile led
to a lower velocity compared to the 5 mm aluminum projectile. Repeatability was confirmed by testing
two specimens at each condition.

 
Figure 3. (a) Time-based evolution of voltage, current and velocity using an aluminum projectile with
a 10 mm length, and (b) velocity comparison with different projectile configurations.

3.2. Effect of Lubrication on Projectile Velocity

Graphite-based lubricant or motor oil was applied between projectile and barrel surfaces to reduce
the sliding friction. Prior to each experiment, the barrel was cleaned with extreme care using acetone to
avoid any external resistance from the scale produced from the previous experiment. It was observed
that the usage of different lubrication had no mitigating difference in impact velocity. However, motor
oil was used for further analysis due to consistency in results. Figure 4 presents the comparison of
projectile velocity for both unlubricated and lubricated cases. The maximum impact velocity using
lubricated 5 mm aluminum and the composite projectile showed an approximate increase by 2.5
and 1.7 times with respect to the unlubricated condition. Lubricated conditions had a significant
effect on impact velocity compared to experiments without lubrication. Repeatability was ensured by
carrying out two experiments at each conditions. Henceforth, projectiles with motor oil lubrication
were considered for the different case studies discussed in the subsequent sections.
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Figure 4. Graph showing the comparison of projectile velocity using lubrication and without lubrication
for 5 mm aluminum and composite projectiles.

3.3. Case Studies

3.3.1. Powder Compaction of CP-Ti

An example of using this system for powder compaction and its relevant diagnostics follow.
The CP-Ti powder was loaded into the 30 mm barrel and found to be compressed to 11.4 mm and
8.7 mm lengths when the 5 mm aluminum and the composite projectiles was used, respectively.
The corresponding compacts are shown in Figure 5a. The setup data and results of the two experiments
are consolidated in Table 1. Subsequently, the densities of both of the compacts were determined using
the Archimedes principle. It can be seen that the compact obtained using the composite projectile
showed a higher relative density of 88% compared to the 74% dense compact using the 5 mm aluminum
projectile. The higher densification is postulated to be because a higher pressure is imparted into the
powder body by the composite projectile which as a steel tip, which has a higher shock impedance [54].
A similar result was found for compacting CP-Ti powder using a VFA assisted sheared flyer [15].

Figure 5. (a) Powder compaction results in terms of compact height (mm), relative density (kg/m3),
and microhardness (HV) and (b) flyer and free surface velocity for estimation of shock velocity.
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Table 1. Experimental setup parameters and the result obtained using different projectile configurations.

Projectile Configuration
Initial Tap

Density (g/cm3)

Plunger
Impact

Speed (m/s)

Plunger
Kinetic

Energy (J)

Final
Density (g/cm3)

5 mm Al projectile 1.32 953 777 3.33

5 mm composite projectile 1.32 612 442 3.96

DPC involves propagation of a compressive shock wave through a powder to cause its densification
as mentioned by Vogler and coworkers [18,55,56]. The work details planar shock experiments on
porous powders consolidation on a stepped die provided by a gun-driven impactor. The experiment
is further identified with shock arrival time measurements on the sample impact and rear surfaces
using velocity interferometry (VISAR) probes to obtain an accurate measurement of shock velocity
and, consequently, determine the EOS or shock Hugoniot state. A similar approach using PDV was
adopted to estimate flyer velocity, free surface velocity, and shock velocity through composite projectile
impact as depicted in Figure 5b. The maximum flyer velocity and free surface velocity were found to
be around 885 m/s and 190 m/s, respectively. The reduction in velocity is due to the energy expended
for powder compaction. The movement of the flyer starts at a time of 1.06 × 10−4 s, whereas the
free surface motion was encountered around 1.6 × 10−4 s. From this, the average shock speed was
estimated to be approximately 555 m/s. By measuring the shock velocity, the impact pressure can be
determined for a material for which EOS is known [57,58]. Moreover, by repeating this procedure for
different impact velocities and measuring shock pressures using gauges such as manganin [59] and
attenuator material [60], empirical for EOS can be determined for unknown material.

3.3.2. Spallation in Copper

In the present work, the copper sample resulting in spall with a large spalled top surface with
one piece along with several smaller shards was collected as presented in Figure 6a. Figure 6b shows
the PDV velocity traces of the composite projectile and free surface near the shock wave breakout.
The impactor speed before colliding with the target was is estimated at 612 m/s. The resulting initial
breakout speed of the spalled sample was found to be approximately 527 m/s. The spall speed being
lower than impactor speed is expected given the lower density of the steel impactor compared to the
copper target. The voltage traces obtained from the experiments confirm the initiation of impactor
movement and spall. The velocity profile shows the clear spall signatures that consist of a release
into tension represented by velocity pullback; furthermore, the occurrence of spall at the velocity
minimum as presented in Figure 6b. In the same instance, recompression waves propagate in both
directions from near the spall plane denoted by a small spike in the velocity profile. Subsequently,
recompression appears as a velocity increase after spall, and it is followed by ringing in the spall scab.
The deceleration in the curve observed after the first shock denotes continuing damage evolution until
the spall scab completely separates from the bulk copper plate.

The data collected from the spall experiment was used to estimate the spall strength as per the
commonly used procedure [33,61] and Equation (1).

σspall =
ρC(Vmax −VSpall−max)

2
(1)

where ρ denoted the density of copper (8950 kg/m3) and C is bulk sound speed in copper material
(4600 m/s). The strain rates were calculated by applying a classical acoustic approximation as given by
Equation (2) [62].

.
ε =

0.5(Vmax −VSpall−max)

CΔt
(2)
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where Δt is the time difference between Vmax and VSpall-max, and was obtained from the velocity
spectrogram plot as shown in Figure 6b. The average spall strength for the 4 mm thick copper sample
was estimated to be approximately 2.26 GPa and the average strain rate was around −2 × 104 s−1.
The obtained spall strength and the average strain rate was in the range mentioned by Turley and
coworkers [33,61]. Extensive studies by Remington et al. [62] concluded that decreasing sample
thickness results in higher strain rates by almost 10 times and an increase in spall strength by 30% as
compared to that of its counterparts. Furthermore, materials shocked by a high power laser show a
rapid increase in the spall strength with the strain rate at about 107 s−1 [63]. Thus, a dependence of
spall strength on strain rate and sample thickness for an unknown material can be established using
this tool.

Figure 6. (a) Copper target showing large spalled top surface with one piece along with several smaller
shards, and (b) velocity traces of composite projectile and copper free surface near shock wave breakout.

3.3.3. Collision Welding of Inclined Target

For collision welding, the lubricated composite projectile was launched at 14 kJ input energy level
with an impact speed of 612 m/s (refer Section 3.2) to the copper target. The kinetic energy of steel tip
of composite projectile was estimated to be 186.7 J. The copper target grooved with 20◦ inclination
angle is shown in Figure 7a. The steel part became detached from the composite projectile and welded
to the copper target as shown in Figure 7b. The detachment of steel from the aluminum might have
occurred due to the generated reversal wave that had higher strength than the bonding strength of the
material. Furthermore, the material was sectioned along an X–X contour for optical microscopy as
shown in Figure 7c. A clear wave profile signifying a strong impact weld is visible even with unaided
eyes. A work by Ngaile et al. [45] where a copper flyer mass of 14.82 gm was launched towards steel
target using a chemically produced hydrogen energy-based impact technique. A similar wavy weld
profile at the steel–copper interface was observed with an impact speed and kinetic energy of 637 m/s
and 3000 J, respectively.

Figure 7d shows that an ungapped intimate contact weld interface was obtained over the entire
length imaged using optical microscopy. The large consistent waves going along most of the welded
interface are a testament to a constant impact angle during the welding process, which has not been
previously obtained with VFAW [64]. The waviness of the interface starts a few mm after the start of
welding. The weld’s bonding strength can be estimated using the micro-tensile test [65]. A similar
phenomenon of delay in wave initiation was observed during explosive welding [66]. Szecket et al.
demonstrated that the strong waves are commonly allied with the best-welded joints, although they
are not a prerequisite [67].
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Figure 7. (a) Copper target grooved with 20◦ inclination, (b) steel welded to copper target, (c) sectional
view of the welded part, and (d) optical image showing complete welding profile.

4. Summary

This work’s objective was to present the new and rapid throughput experimental setup to do shock
physics and impulse manufacturing experiments. Three applications, namely powder compaction,
spallation, and impact welding experiments, were presented using the proposed facility. The first one
deals with dynamic compaction of titanium powder and conventional measurement of free surface
velocity to evaluate shock velocity through the compact loaded barrel. In the second part, the spall
strength and strain rate of polycrystalline copper were estimated. The third application relates to
metallurgical bonding between the steel and copper plate with a 20◦ inclined groove. The experimental
results substantiate the potential of a powerful new tool to study dynamic material behavior and
related processes.
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Abstract: Multiturn coils are required for manufacturing sheet metal parts with varying depths
and special geometrical features using electromagnetic forming (EMF). Due to close coil turns, the
physical phenomena of the proximity effect and Lorentz forces between the parallel coil windings
are observed. This work attempts to investigate the mechanical consequences of these phenomena
using numerical and experimental methods. A numerical model was developed in LS-DYNA. It
was validated using experimental post-mortem strain and laser-based velocity measurements after
and during the experiments, respectively. It was observed that the proximity effect in the parallel
conductors led to current density localization at the closest or furthest ends of the conductor cross-
section and high local curvature of the formed sheet. Further analysis of the forces between two coil
windings explained the departure from the “inverse-distance” rule observed in the literature. Finally,
some measures to prevent or reduce undesired coil deformation are provided.

Keywords: electromagnetic forming; proximity effect; Lorentz forces; coil windings

1. Introduction

Electromagnetic forming (EMF) is a noncontact forming process involving the defor-
mation of sheets with high electrical conductivity by the discharge of pulsed electrical
power. This process comes under the broad umbrella of impulse-based or high-speed
forming processes, as strain rates obtained during the process range from 103 to 104 s−1.
Psyk et al. [1] describe the process of electromagnetic forming as obtaining a pulsed current
by discharging a capacitor bank (or many). This current is time-varying and damped
sinusoidal in nature. With the time-varying magnetic field, which accompanies the current
and is concentrated between the coil and the workpiece, eddy currents are induced in
the workpiece. Psyk et al. [1] also mention the presence of Maxwell pressure, a magnetic
pressure that acts on the workpiece and deforms it by exceeding flow stress. Workpiece
velocities of several hundred meters per second have been reported by Ahmed et al. [2] and
Demir et al. [3] with Thibaudeau et al. [4] observing velocities between 100 and 300 m/s.
The setup for electromagnetic forming is shown in Figure 1. The figure shows a general
coil geometry forming a general sheet geometry, with setups to measure the current and
workpiece velocity.

The process offers many advantages over conventional sheet metal forming processes,
such as higher forming limits reported by Demir et al. [3], reduction of springback reported
by Gayakwad et al. [5], possibility to perform operations, such as coining and embossing
reported by Psyk et al. [1].
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Figure 1. General experimental and measurement setup for electromagnetic forming.

1.1. Context of the Research

Extensive research has been devoted to applying the principles of electromagnetic
induction to achieve compression or expansion of tubes and rings, welding of tubes and
sheets, as well as cutting of sheets. In addition, the performance of the process has been
improved by the design of coils, capacitor banks with shorter discharge times, and higher
charging energies and high-speed measurements. Numerical modeling of the process, e.g.,
as introduced by Takatsu et al. [6] for a flat spiral coil, also helps visualize the process and
observe the development of various unmeasurable parameters during the process.

With the understanding of the process dynamics established, the focus turned to the
comprehensive study of process parameters, such as characteristics of the pulsed current,
coil geometry, and tool life of the coil. Coils have been examined for their mechanical and
thermal aspects, such as in the study by Gies et al. [7], in which the temperature distribution
of the coil was identified to determine conclusions about the long-term usage of the coil.

This work examines another important parameter, namely, the distance between
potentially multiple windings of coils. This is also known as the proximity of the coils.

1.2. Tool Life and Geometries of Electromagnetic Forming Coils

As EMF is a noncontact process, the role of the tool is taken by the coil (like a punch
in deep drawing). As one of the most important parts of the setup, Golovaschenko [8]
recommends that the objective for coil optimization should be the improvement in the
ability to withstand many repeated discharges. Taebi et al. [9] propose that the optimization
approach adjust the coils’ geometrical parameters based on the deviation of the obtained
workpiece geometry from the required geometry, which serves as an objective function.
Thibaudeau et al. [4] state that for a given part, the coil design process should involve the
decision of whether a high-pressure or a high velocity is needed. If the requirement is to
have high magnetic pressure, a coil with a high number of turns must be selected, while for
the latter case, a coil with a smaller number of turns must be selected, as this would lead to
a shorter rise to the peak current. Coils used for processes, such as embossing and forming
into shallow features, require multiturn coils with a high number of turns, as reported by
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Watanabe and Kumai [10]. The use of many turns for applications with small and restricted
geometries of the workpiece leads to reduced spacing and dimensions of the coil.

1.3. Skin and Proximity Effects between Conductors

The skin effect can be defined as the concentration of the current in the outer annulus
of the conductor at high frequencies. It has been observed in many analyses, e.g., by
Dwight [11] and Kennelly [12]. Due to this so-called crowding of the current at the outer
periphery of the conductor, the alternating current (AC) resistance of the conductor is
much higher than its direct current (DC) resistance, according to Reatti et al. [13]. This
leads to increased power loss. Sigg et al. [14] emphasize that even though the calculation
of eddy current effects and the AC resistance is essential, analytical methods for doing
so are limited to simple geometries, as it is required to solve Maxwell’s equations in
inhomogeneous unbounded regions. Popovic [15] states that the skin depth δ can be
obtained using Equation (1), where ω is the angular frequency, μ is the permittivity of the
material and σ is the electrical conductivity:

δ =

√
2

ωμσ
(1)

The skin effect is due to the generation of eddy currents induced by the magnetic field
of the primary current. In the center of the conductor, this eddy current cancels the primary
current but reinforces the current flow at the periphery, according to Riba [16].

When dealing with multiple conductors or windings of the same conductor, the
proximity effect comes into play because the current density of the conductors is affected
by the current flowing in the neighboring conductors. This form of inductive coupling is
known as the proximity effect, which becomes more pronounced at higher frequencies and
small spacings between the conductors. Depending on the direction of the current flow,
the proximity effect increases the current density at certain locations and reduces the same
at other locations. If the current in adjacent coils is flowing in the same direction, then the
current density is the highest in the furthest corners of the coils and vice versa.

Riba [16] states that the mathematical analysis of the proximity effect is even more
difficult than that of the skin effect and possible only for a very few geometries. An
analytical determination of the skin and proximity effects separately is attempted by
Abdelbagi [17]. For two parallel plates with rectangular cross-sections, Abdelbagi [17]
considers the flow of current in two plates in the same and opposite directions by solving
the corresponding Helmholtz equation.

While this development is helpful in the analysis of the proximity effect in conductors
with rectangular cross-sections, the underlying assumption of the nullification of the
current density at the near conductor end ignores the actual effect of the spacing between
the conductors. Furthermore, in electromagnetic forming, the additional presence of a
conducting workpiece also modifies the current density distribution. The model to include
the combined proximity effect due to the workpiece, the other coil windings, and the
inherent skin effect at typical frequencies is predicted to be mathematically very complex
and hardly scalable to many coils turns or complex coil geometries. Such a conclusion leads
to using numerical models rather than analytical ones for solving complex electromagnetic
problems. Vitelli [18] attempted to evaluate the current density and the subsequent losses
in two conductors due to the proximity effect numerically.

1.4. Purpose of the Study

The objective of the present article is to evaluate the effect of spacing (proximity)
between coil windings and its effect on their deformation and the forming of the workpiece
in EMF. The primary objective above can be divided into three secondary objectives
as follows:
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• To develop and experimentally verify a numerical model to investigate the forming of
the workpiece for various coil proximities and input energies;

• To evaluate the coil deformation for various discharge energies, cross-sections, and
numbers of coils, so that this can be avoided in prospective applications.

2. Materials and Methods

2.1. Numerical Modeling in LS-DYNA
2.1.1. Development of the Simulation

As the EMF process is completed in a very small amount of time (approximately
200 μs), a transient numerical model provides a deeper understanding of the process evo-
lution. The numerical model was developed employing the finite element code LS-DYNA,
which provides the possibility to model the electromagnetic aspects of the problem along
with the thermal and mechanical aspects in a coupled method. The methodology and the-
ory of numerical modeling of electromagnetic forming are established by L’ Éplattenier [19],
with the same approach being implemented here. There, the surrounding air is modeled
using the boundary element method (BEM). In this way, the air does not need to be meshed,
and higher deformations of the parts are possible without continuous re-adaptation of the
air mesh. The numerical model can provide information about the various parameters that
cannot be measured directly, such as current densities, Lorentz forces, and the magnetic
field. The simulation arrangement is presented in Figure 2.

Figure 2. Numerical model in LS-DYNA. (a) Top view showing the dimensions of the workpiece;
(b) front view showing the relative arrangement of the setup, (c) arrangement of the coils relative to
one another for various values of spacing.

The arrangement consists of two (or more) identical coils, which are connected in
parallel. To ensure that the coils are connected in parallel, the total input current is divided
by the number of coils. This input current is obtained from the experiments, as described
in Section 2.3.3. A sample input current provided to the simulation is presented in Figure 3.
This current is damped sinusoidal with a reducing frequency.

The material assigned to both the coils is copper alloy CuCr1Zr, which compared
to wrought pure copper alloy, has lower electrical conductivity, yet excellent mechanical
strength. The holes at the ends of both the coils are fixed by constraining all displacements
and rotations. The workpiece is modeled to be aluminum alloy EN AW-5083-H111, with a
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thickness of 1 mm. The other dimensions of the workpiece were chosen according to the
requirements of the experimental setup. The gap between the workpiece and the coils was
set to 1 mm. The workpiece and the coils were both modeled as deformable elastic-plastic
solids. The die used for the open-window electromagnetic forming process was modeled
as a rigid, nonconducting and fixed shell.

Figure 3. Input current curve for the simulations obtained for a discharge energy E0 of 4 kJ. This
current is distributed in both coils.

In coils with a workpiece above them, the current flows close to the coil’s top surface.
The coil induces a current in the opposite direction in the workpiece, and the currents flow
as close as possible to one another due to the proximity effect, as explained in Section 1.3.
This effect was also observed and modeled by Gies [20]. Similar straight coils were meshed
so that the mesh density closer to the workpiece was high (thinner elements) and reduced
gradually towards the opposite direction. This is done to capture the higher surface current
density more precisely with a higher number of nodes in the vicinity. However, due to
the very thin elements at the top, the aspect ratio of the elements is greatly skewed. In
large deformations, such elements are prone to nonconvergence, erroneous results and
long solving times. The mesh used for the coils is shown in Figure 4. The thickness of the
topmost element is comparable to the calculated skin depth but experiences a high variation
of current density within itself. Attempts with smaller thicknesses led to nonconvergence
of the electromagnetic solver in LS-DYNA. The workpiece was meshed with two elements
along the thickness, capturing the skin depth calculated at a frequency of 58,000 Hz (average
obtained from various measurements), of EN AW-5083 sufficiently. Liu [21] stated that the
deformation of the workpiece continues after the discharge of the current is finished. This
happens due to the inertia of the workpiece. Furthermore, Gies [20] observed and modeled
the temperature distribution in the numerical model until much longer after the process
completion. The simulations were run for 0.009 s, when the deformation of the workpiece
was observed to be completely stabilized for 90% of the run of the simulation.
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Figure 4. Meshing of the coil for the numerical model. (a) View of the coil end and the hole
feature; (b) cross-sectional view showing thinner top element layers (c) cross-sectional view showing
thickness-elements of the workpiece.

2.1.2. Material Models and Data

The properties assigned to the components can be classified into electrical, thermal
and mechanical properties. The electrical conductivity (σ), thermal conductivity (k) and
heat capacity (Cp) vs. temperature for CuCr1Zr and EN AW-5083 is shown in Table 1.

Table 1. Electrical and thermal properties for CuCr1Zr and EN AW-5083.

Temperature
(K)

CuCr1Zr
σ (MS/m)

CuCr1Zr
k (W/mK)

CuCr1Zr
Cp (J/kgK)

EN-AW 5083
k (W/mK)

EN-AW 5083
Cp (J/kgK)

298 52.0 343 385 126 899
350 44.8 347 392 133 919
399 39.7 350 397 138 939
448 35.3 350 401 143 959
498 31.6 348 405 149 979
548 28.8 349 408 155 999
598 26.2 347 410 159 1018
647 23.9 343 412 163 1038
698 21.9 339 414 164 1059
749 20.2 335 416 166 1079
774 19.5 334 418 167 1089

For EN AW-5083, the electrical conductivity is provided only at a room temperature of
19 MS/m. For CuCr1Zr, the plastic properties are provided as dependent on temperature.
These properties were determined by hot tensile tests and were extrapolated exponentially,
shown in Figure 5. The strain-rate dependency of CuCr1Zr was ignored.
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Figure 5. Temperature-dependent stress-plastic strain flow properties of CuCr1Zr from high-
temperature tensile tests and extrapolation exponentially.

The Young’s modulus of EN AW-5083 was taken as 70 Gpa; the Poisson’s ratio was
taken as 0.33. The plastic behavior of EN AW-5083 was defined to be both strain-rate- and
temperature-dependent. The strain-rate sensitivity of plastic flow of aluminum alloys is
assumed low until 103 s−1, but a sharp rise is observed at strain rates between 103 s−1

and 104 s−1. For few aluminum alloys, this dependence of initial flow stress on the strain
rate is shown by Weddeling et al. [22]. Clausen et al. [23] observed that for AA-5083-H116
(different temper than the currently used alloy), the material shows negative strain-rate
sensitivity for low strains (softening when the strain rate is increased). For higher strain
rates (more than 1 s−1), the strain-rate sensitivity is positive. Until 103 s−1, the material
data for aluminum is based on high-temperature and high strain-rate tensile tests. For
strain rates higher than 104 s−1, the flow curves are not readily available or easily measured.
The sudden change in the initial flow stress for aluminum alloys is attributed to a change
in deformation mechanism, according to Kabirian [24]. The mechanism for deformation
at very high strain rates is the viscous drag of the dislocations. A mechanism-based
constitutive relation is suggested, which is shown in Equation (2). In this equation, σ is
the flow stress at a given strain rate and temperature, σ0 is the flow stress at a strain rate
of 1 s−1, Tm is the melting temperature, ϕ presents the sigmoidal feature of the function
and

.
εp is the strain rate:

σ
(

εp,
.

εp, T
)
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(2)

For the current case, the exponential relation proposed for very high strain rates is
relevant. This relation was used to predict the flow stresses for strain rates of 104 s−1 and
above, with σ0 as the flow stress for lower strain rates (any lower strain rate can be chosen
as the sensitivity at lower strain rates is very small). The final flow curves used in the
simulations (at room temperature) are shown in Figure 6. The flow curves for strain rates
of 0.001 s−1 and 1000 s−1 are almost identical due to the negligible strain-rate sensitivity of
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the material in this regime. As the flow curves for all strain rates in this regime are almost
identical, they have not been provided in Figure 6.

Figure 6. Implementation of the model proposed by Kabirian [24] to determine strain-rate-dependent
flow curves for EN AW-5083,

.
ϕ represents the strain rate in 1/s.

In LS-DYNA, the flow curves (experimentally measured and extrapolated both) are
provided to the solver in the form of tabular data. The material model used in LS-DYNA is
denoted as MAT_106, which is an elastic-viscoplastic-thermal model. The strain depen-
dence is expressed in terms of the sum of exponential terms, and the strain-rate dependence
is expressed using the Cowper–Symonds model. From the provided tabular data, the pa-
rameters of the material model are calculated by the solver.

2.2. Numerical Modeling in FEMM
Development of the Simulation

FEMM is an open-source finite element software for a harmonic 2D or axisymmetric
modeling of electromagnetics. The advantage in using FEMM is the ability to quickly model
a simplified version of the present problem for efficient further processing (compared to the
computationally much more costly LS-DYNA model). The cross-sections of the two coils,
along with the cross-section of the sheet, are modeled. The boundary condition of the zero
magnetic fields is applied at a large distance away from the coils and the workpiece.

The input of the current in FEMM happens by providing amplitude and a frequency,
after which a constant sinusoidal current is applied. As the actual current, as shown in
Figure 3, is damped sinusoidal, only the first half-wave of the current is modeled by using
the amplitude and frequency of the same. While the number of elements in the cross-section
of the coil is only 30 in the LS-DYNA model, the number of cross-section elements in the
FEMM model is upwards of 10,000 with only a minor impact of total solving time and no
impact on convergence. Only room temperature values for the electrical conductivity for
CuCr1Zr and EN AW-5083 are input into FEMM. These values are given in Section 2.1.2.

2.3. Experimental Analysis
2.3.1. Experimental Setup

The experimental setup includes the capacitor bank for the discharge of energy, the coil
setup with two or more coils for the study, the EN AW-5083 workpiece and the equipment
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for clamping and safety. The capacitor bank used for the analysis was the SMU612 by the
company Poynting. The main characteristics of this capacitor bank are given in Table 2.

Table 2. Characteristics of capacitor bank SMU612.

Characteristic Value

Max. discharge energy Emax 9 kJ
Max. discharge voltage Umax 15 kV

Capacitance C 80 μF
Inductance L 1093 nH

Discharge frequency f ≈17 kHz

When the bank is discharged, the current flows through the circuit into the coil setup
and is suitably distributed into the coils, which are connected in a parallel system. The
CAD model of the coil setup used for the experiments is shown in Figure 7. The coils are
connected to the setup using M3 screws, which are expected to serve as fixed support. The
geometry of the coil used for the experiments is shown in Figure 2. The cross-section of
the coil is 5 mm × 5 mm, similar to the ones used by Gies [7]. The width of the ends was
reduced to ensure closer proximities between the coils.

Figure 7. CAD model of the coil setup used for the experiments. The path of the current is shown in blue. Some support
elements have not been shown for clarity of representation.

2.3.2. Parameters Studied in the Experiments

To study the effect of the spacing between the coils, the spacing was varied between
4 mm and 9 mm at an interval of 1 mm. Spacings smaller than 4 mm were not possible
due to the geometry of the coil. Therefore, the effect of smaller intervals was investi-
gated through the numerical models. For each value of spacing, various energies ranging
from 3 kJ to 6 kJ were discharged, and the deformation of the coil and the workpiece
were recorded.
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For some experiments, coils of higher cross-sections were used as possibilities to
reduce the coil deformation. The cross-sections investigated were 5 mm × 10 mm and
10 mm × 5 mm. The three cross-sections used are shown in Figure 8.

 

Figure 8. Three different coil cross-sections studied for the experiments.

2.3.3. Measurement Methods

The parameters measured in the experiments, along with the techniques used to
measure them, are described below: The total discharge current was measured using a
Rogowski coil with a conversion factor of 1.2 mV/A. Strain measurement was performed
after the process is complete. Before the process, a pattern, which is a grid of dots, is created
on the top surface of the EN AW-5083 sheet by selective anodizing. After the process, the
deformed pattern is analyzed by the optical strain measurement system ARGUS by GOM.
The parameter of interest measured through this setup is the von Mises equivalent plastic
strain. The ARGUS system can measure only the two surface strains. The thickness strain
is estimated using the volume constancy law in plasticity and the assumption that the
strain is uniform across the thickness. The displacement of the coils was measured using
ATOS by GOM also after the completion of the process. ATOS is an optical coordinate–
measuring setup. The displacements were computed by comparing the original and
the deformed geometries. As both the strain measurement of the workpiece and the
displacement measurement of the coils could only be conducted after the experiments, the
vertical velocity of the center of the specimen (middle point) was measured during the
process using photonic Doppler velocimetry (PDV), as explained by Moro [25], which is a
laser-based system that uses the phase shift in the reflected beam to determine the signal.

3. Results

3.1. Validation of the Numerical Model

The numerical model was verified by comparing the post-experiment strains and the
apex velocity during the process.

3.1.1. Comparison of Plastic Strains

The strains measured from the experiments at the end of the process are the plastic
strains on the sheet surface. They are compared to the effective plastic strains from LS-
DYNA. The comparison was made along specific paths. Path 1 is the path along the coil in
the middle of the two coils and the workpiece. The deformation along this path happens
mostly due to inertia. Path 2 is the path across the workpiece in the y-direction. These paths
are shown in Figure 9. The comparison for the numerically and experimentally determined
strains is shown in Figure 10 for path 1.
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Figure 9. Two different paths chosen for comparison of plastic strains from the numerical and
experimental analyses (top view).

Figure 10. Comparison of numerical and experimental equivalent plastic strains.

This process was repeated for various discharge energies and spacings between the
coils. Through measurements along the aforementioned paths, it was determined that
the maximum average difference between the experimentally and numerically calculated
values was 8%. This means that even at very high strain rates, the plastic strain comparison
yielded results with acceptable accordance.

3.1.2. Comparison of Midpoint Velocity

The velocity measurement in z-direction was performed for reassurance and revalida-
tion of the numerical LS-DYNA model to match the experimental parameters during the
process. The comparison of the numerical and experimental values provides a very good
agreement, as shown in Figure 11. The figure shows the comparison between simulated
and measured values for two different values of spacing between the coils but the same
discharge energy. The comparison for different energies and values of spacing between the
coils resulted in a maximum average velocity difference of 5%. When PDV measurements
were made by Demir et al. [3] to determine the average strain rate of the process, the
experiments at higher energies always led to a higher deviation between the experimental
and numerical values because only a quasi-static flow curve was used for the modeling of
the EN AW 5083-H111 sheet.
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Figure 11. Comparison of the vertical velocity of the midpoint of the workpiece from numerical and
experimental (PDV) analyses for two different spacings (p) between the coils.

3.1.3. Comparison of the FEMM and LS-DYNA Model

The numerical model of FEMM was verified for use in further analysis by comparison
of the current density with that obtained from the numerical model in LS-DYNA. This
comparison is shown in Figure 12. The values predicted by the numerical model in
LS-DYNA are slightly lower because of the actual damped current input, while FEMM
can only account for a constant amplitude sinusoidal current. However, the current
density obtained from FEMM contains many data points, lowering the requirement for
interpolation between two calculated data. The current density from LS-DYNA is discrete
and has only five data points.

Figure 12. Comparison of the current density distribution along the path from numerical models in
LS-DYNA and FEMM. The data from LS-DYNA is very discrete and not a smooth curve, as shown in
the graph.
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3.2. Deformation of the Coils
3.2.1. Coil Deformation for Various Discharge Energies

Even though the coils were assigned as deformable solid bodies in the numerical
model, the deformation obtained from the numerical model was much smaller than the
experimentally measured deformation. In this section, the experimentally measured coil
deformations are addressed.

The coils were fixed to the setup at both ends, as shown in Figure 7. Apart from this
constraint, the coils were permitted to deform freely in all directions. Due to the current
flowing in the same direction, the coils exert an attractive force towards one another. Based
on the Ampère’s circuital law, the force per unit length l between two parallel infinitely
long wires is given in Equation (3), where the currents in the wires are given by I1 and I2
and the spacing between the wires is r:

F
l
=

μ0 I1 I2

2πr
(3)

There is an inverse dependence of the force on the distance between the coils. For
particular discharge energy, Figure 13 shows the displacement of the coils towards another.
It is observed that as the spacing between the coils is increased, the displacement of the
coil is reduced. This is because of the reduction of attractive Lorentz forces between the
coils. For the discharge of 5 kJ, the 5 mm spacing causes the coils to displace to such an
extent that a collision and repulsion of the coils occurs, leading to a different final shape.
No conclusions can be made about the force between the two coils as plastic deformation
of the coils takes place, and due to varying temperatures and strain rates, no direct relation
between the force and displacements can be deduced. The figure helps in the qualitative
understanding of the dependence of the coil displacement on the spacing between them.

Figure 13. Experimentally measured deformation of the coil along the coil length towards one
another in x-direction due to attractive Lorentz forces for three different coil spacings. The coordinate
directions are shown in Figure 2.

3.2.2. Coil Deformation for Various Cross-Sections

Due to the volumetric Lorentz force, the coil experiences a distributed load, which
causes bending. This bending can be reduced by increasing the cross-section of the coil,
as that increases the moment of inertia of the coil. In the experimental results explained
in Section 3.2.1, the coil cross-section used was 5 mm × 5 mm. Two other cross-sections,
shown in Figure 8, were analyzed experimentally. Figure 14 shows the displacement of
the coils towards one another for the smallest cross-section and for the 10 mm × 5 mm
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one. The advantage of the 5 mm × 10 mm cross-section is that the moment of inertia when
bending due to the attractive force of the other coil is much higher (4 times) than the other
cross-section. This leads to a reduction in coil deformation. In the wider coil, the “effective
distance” between the currents is higher due to the proximity effect, as the current migrates
to the extremities of the coil cross-section. Figure 14 shows the comparison between the
cross-sections 10 mm × 5 mm and 5 mm × 10 mm for the same values of discharge energy
and spacing.

Figure 14. Experimentally measured displacement of the coils in the y-direction for two different coil
cross-sections.

4. Discussion

4.1. Deformation of the Sheet
4.1.1. Variation of Displacement, Midpoint Velocity and Efficiency of the Process with
Coil Spacing

The deformation of the sheet was examined using the verified numerical model. Path 2,
along which the deformation was examined, is shown in Figure 9. In the simulations with
two coils, the displacement of the midpoint of the workpiece happens due to the combined
influence of the Lorentz force applied by the two coils and the inertia of the workpiece. To
examine the effect of the coil spacing between the final workpiece geometry, the discharge
energy was kept constant. For a discharge energy of 4 kJ, the impact of spacing is shown in
Figure 15. It is observed that the deformation of the apex of the workpiece is reduced with
increasing coil spacing.

While the current remains the same, this deformation is explained by the reduction
of the magnetic field intensity and, therefore, of the Lorentz force at the midpoint. The
magnetic field intensity is smaller at the midpoint as the coils are further away for larger
spacings, and it is inversely proportional to the distance. Figure 16 shows the magnetic
field at the midpoint of the gap for various coil spacings, including those, which were not
possible in the experiments due to design limitations.

In the case of the wider spacings, due to the low magnetic pressure at the midpoint,
the maximum kinetic energy of the sheet at the midpoint is also low. Selected midpoint
velocities obtained from the numerical model are presented in Figure 17. When the spacing
is increased, the maximum velocity of the midpoint is reduced but saturates at greater
values of coil spacing. The increase in spacing causes similar maximum velocity for the
apex but with smaller acceleration. The reason for the lower velocity is not any difference
in the circuit properties, and the current curves were also compared and determined to
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be highly similar. As for the lower spacing, the midpoint is located closer to the coils; the
applied Lorentz force is higher, leading to higher acceleration. As the discharge energy is
the same, a higher spacing causes less energy to be transferred to the midpoint and more to
the local area just above the coil. The midpoint velocity saturates as it becomes a resultant
of the inertia of the sheet rather than accelerating due to direct force application.

Figure 15. Experimentally measured displacement of the workpiece in z-direction along path 2.

Figure 16. Numerically determined magnetic field intensity along path 2.

The efficiency of the process (ηprocess) can be calculated as the ratio of the energy used
for forming the workpiece and the total energy discharge. The energy used for forming
the workpiece is obtained from the simulations by integration of the plastic energy density
(Equivalent strain times the flow stress) over the whole part volume at the end of the
process. These efficiencies are typically very low, as more than half of the supplied energy
is lost as Joule heat, according to Gies [7]. The efficiency is also dependent on the design of
the setup and may be low because of the small size of the die cavity than the length of the
coils. For the same setup and discharge energy, the efficiency of the process was observed
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to be related to the spacing between the coils. This dependency is observed in Figure 18 for
different values of discharge energy.

Figure 17. Comparison of experimentally measured vertical midpoint velocity for four different
coil spacings.

Figure 18. Reduction in process efficiency for various values of coil spacings. The overall process
efficiency increases as the discharge energy increases.

When the discharge energy is the same, the reason for a lower efficiency is the improper
conversion of the supplied energy into the kinetic energy of the workpiece. The maximum
kinetic energy of the workpiece was investigated during the process and analyzed for
varying spacings between the coils. While the velocity was analyzed for just the midpoint,
the maximum kinetic energy was monitored for the entire workpiece. It was seen that for
the same discharge energy, the kinetic energy of the workpiece reduces with increased
spacing between the coils from 5 mm to 9 mm by 22% for a discharge of 4 kJ energy and
26% for a discharge of 5 kJ energy. As a fraction of this kinetic energy is converted into the
energy to deform the workpiece plastically, this energy reduces with increased spacing as
well. The kinetic energy not converted to plastic work must get dissipated finally as heat
along with other losses, such as friction.
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4.1.2. Change of Local Curvature with Coil Proximity

The concentration of the current at the extreme periphery of the coil due to the
proximity effect affects the quality of the workpiece as well. This effect is not explicitly
visible when the displacement of the sheet is plotted, as shown in Figure 19. For the
same discharge energy but various values of spacing, the local curvature of the sheet was
calculated along path 2, shown in Figure 9 at the end of the process. The curvature (κ)
may be considered as a local bending-cum-stretching of the sheet, and it is defined as the
inverse of the local radius. The curvature is calculated using Equation (4) and is plotted for
two values of spacing in Figure 19. If the deformed contour of the workpiece is defined as
S and its spatial derivatives as S

′
and S

′′
is as defined in Equation (4):

κ =
S

′ × S
′′

‖S
′ ‖3 (4)

Figure 19. Change in local workpiece curvature for coil spacings of 5 mm and 9 mm.

When the coils are close to one another, as is the case is for 5 mm spacing, the current
migrates to the extremes. This high current density at the extreme applies a local pressure
on the sheet and causes high bending in the region around it. This effect is much lower
when the spacing is higher. Due to most of the current flowing along the top surface, the
Lorentz force applied by the skewed current distribution causes a high local curvature
of the sheet. When the current is almost uniform on the top surface, as for the case with
higher values of spacing, one observes the bending localized at the midpoint (y = 0). This
happens in the absence of large localized current densities, which bend the sheet locally.

4.2. Deformation of the Coils
4.2.1. Numerical Prediction of Force between Two Coils

To predict the total force between the two coils, the FEMM simulations were used.
The assumptions used here were the following:

1. No displacement of the coils and workpiece: As the force is applied, the coils begin
to displace first elastically and then plastically towards one another. As the spacing
between the coils is changed, it has an effect on the force as well, which will be higher
than the predicted value. However, the displacement of the coils must start after a
significant portion of the current is already discharged and must happen mostly due to
inertia. Furthermore, according to Beerwald [26], most of the energy is transferred in
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the first two large pressure pulses of the current, until which, not much displacement
of the coil is expected.

2. An assumption about discharge current: FEMM can only model the discharge of a
constant amplitude sinusoidal current, while the real current is damped in nature.
Therefore, FEMM is used only for the calculation of the maximum force between the
two coils, which would happen at the maximum value of current flowing between
the two coils.

For the calculation of the Lorentz force between the two coils, FEMM uses Maxwell’s
equations, which provide the Lorentz force exerted per unit volume. This is then multiplied
to the volume of the element, and a vector addition for all elements is performed to give
the overall force exerted. For various values of spacing, the force between the two coils is
shown in Figure 20. The diagram is divided into two parts based on how well the diagram
conforms to Equation (3), predicting the force between the two parallel current-conducting
wires. For higher values of spacing, the force between the two coils follows Equation (3),
and the conductors act as isolated from one another. For smaller values of spacing, the
Equation (3) rule is abandoned. The force between the coils is much smaller than predicted
by the equation rule. This is due to the redistribution of the current in the cross-section.
Equation (3) assumes a uniform distribution of current in the cross-section. As the spacing
decreases to small values, the current locates itself in the furthest end of the cross-section
of the conductor, which leads to increased “effective distance” between the currents, and
therefore, to a reduction of force.

Figure 20. Comparison of total force between two coils predicted by the numerical model in FEMM
and the 1/r rule.

4.2.2. Measures to Avoid Coil Deformation

The deformation of the tool coil must be avoided in a real application to increase its
reuse. To reduce coil deformation, the following measures are recommended:

1. Changing the coil cross-section: Increasing the coil cross-section leads to lower de-
formations due to increased coil rigidity. However, the increase in dimensions of the
cross-section leads to a lower current density and smaller workpiece deformation.
Furthermore, if the width of the coil is increased to protect against the deformation
due to the attractive force from the other coils, this will not provide much benefit
against the reaction force exerted by the coil, which is orthogonal to the former force
and about four times the magnitude in the geometry used in this study. It also
increases the material used for the coils.
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2. Providing insulation support: In some of the experiments, the coils were separated by
insulation made of glass-fiber-reinforced polymer, which has excellent compressive
strength and insulating properties. In such experiments, the coil deformation due
to the attractive force could be completely avoided. However, this led to a higher
deformation in the orthogonal direction (the direction where the coil deformed due to
the reaction force from the workpiece). With a good insulation design, the deformation
of the coil can be completely avoided. Before implementation, however, the damping
characteristics of the polymer must also be investigated.

3. Innovative coil design: Gies [27] proposed using hybrid conductors for the reduction
of coil deformation and suggested the methodology for the design as well. With the
appropriate design of the steel support, plastic deformation of the coil can be avoided
for some discharge energies. Other ideas for an improvement of the coil design could
be the addition of cooling possibilities in the coil so that thermal softening of the
material is prevented.

5. Conclusions

In this study, the spacing between the coil and the workpiece and the coil windings
themselves was examined from multiple perspectives. Our objective was to understand and
quantify the various phenomena when EMF is performed using conductors having multiple
discrete turns. For this study, numerical and experimental methods were employed. The
effect of spacing between coil turns on the overall workpiece displacement, workpiece
midpoint velocity, efficiency and local curvature were observed. It was found that due to
the proximity effect, the local curvature of the sheet is high for smaller spacings between the
coils. Increasing the spacing reduces the process efficiency. For the coils, it was observed
that the (undesired) deformation and the corresponding force between them both increase
with reducing the spacing.

Generally, for parts with larger forming heights and high desired process efficiency,
it is recommended to reduce the proximity between the coils. However, as the proximity
between the coils is reduced, the forces between the coils increase, potentially leading to
coil failure. Thus, there exists a tradeoff between process efficiency and tool life. The tool
life may be increased by using coils with larger cross-sections and appropriate orientation.

As the spacing between the coils is an input parameter, it is essential to understand
these phenomena and implement them in the setup design to obtain reliable results from
EMF. Other results, such as the possible deformation of the coils, must be considered
for a specific setup. For general safety of the tool coil, some recommendations, such as
supporting the coil using rigid insulation and the potential addition of steel supports, are
provided. Future studies in the prevention of tool coil deformation will focus on such
hybrid coils.
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Abstract: In electromagnetic forming of thin sheet metal, the die is located within the effective range
of the electromagnetic wave. Correspondingly, a current is induced not only in the sheet metal,
but also in the die. Like the current in the workpiece, also the current in the die interacts with the
electromagnetic wave, resulting in Lorentz forces and changes of the electromagnetic field. With the
aim to study the influence of different electromagnetic die properties in terms of specific electric
resistance and relative magnetic permeability, electromagnetic simulations were carried out. A change
in the resulting forming forces in the sheet metals was determined. To confirm the simulation results,
electromagnetic forming and embossing tests were carried out with the corresponding die materials.
The results from simulation and experiment were in good agreement.

Keywords: impulse forming; bulge forming; permeability; conductivity

1. Introduction

Electromagnetic forming is an energy-based process that can be used for high speed
forming of tubes and sheets [1]. In this process, a current pulse causes a strong magnetic
field at a coil. The field induces eddy currents in an electrically conductive workpiece.
Lorentz forces arise by interaction of magnetic field and eddy currents that are used for
forming [2], cutting [3], joining [4] and embossing operations [5]. Various advantages in
contrast to quasi-static forming methods such as changes in the plastic material behavior [6]
and one-sided simple die [7] were investigated. Furthermore, in electromagnetic forming
wrinkling [8] and springback [9] can be reduced. Starting with the first patent related to
electromagnetic tube forming mentioned by Harvey and Brower [10], an in-depth forming
investigation was carried out for sheets and tubes with a thickness greater than 1 mm [11].
In contrast to thick sheet metal, thin sheet metal are completely penetrated by the electro-
magnetic field. They have only been examined sparsely starting with the investigations of
Haiping and Chunfeng [12]. Due to the insufficient shielding of thin sheet metal and the
resulting current flow in the die, the consideration of the die influence is extended by the
aspect of electromagnetic influences. Basic considerations of the die during electromagnetic
forming refer to the mechanical interaction between sheet metal and die. It is known,
for example, that electromagnetic embossing leads to increased adhesion and sheet-die
welding [5]. In addition, the mechanical properties of the die influence the forming process.
The die strength is determined by mechanical properties, but process-specific effects such as
the rebound effect caused by high impact velocities influences also the forming result [13].
Furthermore, not only the process is influenced by the die material, but also the process
application as well as the workpiece and die manufacture. Therefore, it is necessary to be
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able to describe the mechanical and electromagnetic influences. The relevant influences
increase with the use of thin sheet metal.

The increase of electromagnetic influences is explained by the insufficient shielding of
the magnetic field by thin metal sheets, which allows field interaction at the backside of the
workpiece. Therefore, based on the workpiece thickness in relation to penetration depth of
the magnetic field the electromagnetic forming process can be divided into two cases [14].
The first case occurs, when the penetration depth is lower than the workpiece thickness.
Therefore, a current flow is only generated in a layer of the workpiece [15]. The second
case is characterized by a current flow in the complete volume and a magnetic body force,
which is a result of the high penetration depth in relation to a thin workpiece. In this case,
a magnetic field acts behind the workpiece and a current is inducted in the die [16]. A scale
for the penetration depth of a magnetic field is the skin depth δ, which is dependent on
the mathematical constant π, the specific electrical resistance ρ, permeability of vacuum μ0,
relative magnetic permeability μr and discharge frequency f of the current pulse:

δ =

√
ρ

π·μr·μ0· f
(1)

Therefore, the penetration depth in the workpiece and die is only dependent on the
material (ρ, μr) and the discharge frequency f. The specific resistance ρ and the relative
magnetic permeability μr of the die influence the change of shielding in contrary directions.
In case of a real forming setup, the discharge frequency is set by the inductivity of the
machine and the tool coil. Due to this inductivity, the discharge frequency is limited
which limits the reduction of the penetration depth. The impact of an occurring current
in a forming die is shown by Cao [17] by simulation of two different tool coil setups
and specific resistance of the die. The work based on the usage of thick sheet metal,
with sufficient shielding of the magnetic field, so a die current is generated by a setup of
two tool coils. For the setup with one coil without a resulting current in the die, the specific
resistance value of the die did not change the geometry of the forming results. In the
other setup with two tool coils, the second tool coil is used to induce a current in the
forming die. Through this, Cao found that a higher current density in the die raised the
draw-in and the forming depth. In contrast to the investigations related to the forming die,
investigations regarding the workpiece show influences on the plastic material behavior
by an electric current density (electroplastic effect—EPE) [18]. In this context, an increase
in plasticity was shown for both long-term [19] and short-term [20] current duration
time. This influence is attributed to the movement of free electrons, which lead to an
increased (local) temperature of the workpiece due to the Joule heating caused by the
electron movement [21]. But the comparison of electrically assisted forming with forming
at different workpiece temperatures still shows differences regarding the plastic material
behavior and grain microstructure [22,23]. In addition to the influences on the material
behavior, an influence of the current density and its distribution on the force during
electromagnetic forming can be observed. This can be explained by the influence of the
current density on the Lorentz force, whereby the electric and magnetic components are
influenced (see Equation (2)). As a result, the thesis can be formulated that an influence
on the electromagnetic forming can be attributed to a change in the electric charge density
ρc, the electric field strength E and magnetic field strength H or magnetic flux density B.
Whereby the electric charge density ρ can be expressed by the current density j related
to the velocity of the charge v (see Equation (2)). Depending on these variables in this
study, the influence of the electromagnetic properties of the die is to be investigated
by simulations:

→
F =

�
V ρc·

(→
E +

→
v ×→

B
)

dV

→
F =

�
V

→
j
→
v
·→E +

→
j ×→

B dV
(2)
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The process effect is quantified by the impulse as an integrated value of the impact.
As the die cavity influences the magnetic field, a plane geometry was used. Consequently,
no forming was considered in the simulation model. In the model, both electromagnetic
parameters were varied in the range of real materials values. Beyond that, the influence of
the die material was shown by experiments with different real die materials. These experi-
ments were based on the simulation model, whereby the experiments enabled a validation
of the simulated results.

2. Materials and Methods

2.1. Die Material

The ranges of the simulated electromagnetic die properties were chosen that they in-
clude real material properties. The specific resistance value was varied from 1 × 10−8 Ω·m
to 1 Ω·m, the relative permeability ranged from 0.9 to 300. A change in relative perme-
ability μr and specific conductivity ρ due to a change in temperature is not considered in
the simulation.

During experiments, the variation of the electromagnetic properties was done by
different die materials. The selection included common tool steels (90MnCrV8) with high
specific resistance and high relative permeability. In the simulation part, the ferromagnetic
properties of the tool steel were neglected, and a linear behavior was applied. Further,
an austenitic chrome-nickel steel (X5CrNi18-10) with high specific resistance and a relative
permeability of 1 was used. In contrast to the high specific resistance of ferrous based
materials, copper and aluminium with a low specific resistance were also applied as die
material. The applied specific resistance and the relative permeability for the used die
materials and for the used aluminium sheet metal for simulation is shown in Table 1 [24].

Table 1. Electromagnetic properties of the used die and workpiece materials from the ANSYS database.

Material
Specific Resistance

ρ [Ω·m]
Relative Permeability

μr [-]

die

austenitic chrome-nickel steel
X5CrNi18-10/AISI 304 9.0909 × 10−7 1.000000

cold work tool steel
90MnCrV8/AISI O2 5 × 10−7 ~300

copper
E-Cu57/C11000/ETP 1.7241 × 10−8 0.999991

aluminium
AlCuMgPb/AA2007 2.6316 × 10−8 1.000021

workpiece aluminium
Al99.5/AA1050A 2.6316 × 10−8 1.000021

2.2. Simulation Model

A two-dimensional planar electromagnetic simulation model within the software
environment ANSYS Maxwell 2D 19.1.0 was used in this work. The magnetic transient
model consisted of four elements; coil, workpiece, die and surrounding air, see Figure 1a.
The maximum mesh element length for the sheet metal was set to 0.02 mm. For all other
parts of the model the maximum mesh element length was set to 0.5 mm. A triangular mesh
with an adaptive mesh algorithm was applied. As tool coil, a single straight conductor was
used to receive a plane symmetric magnetic field, which can be described in the planar
area. Mutual interactions between the magnetic field and both the changing geometry
during forming and the die cavity were avoided by applying a flat die. Thus, a coupled
mechanical model of the electromagnetic forming was not necessary. Due to the use of
a single straight conductor with low inductance, the discharge is largely determined by
the electrical properties of the capacitor system. Changes to the coil-workpiece-die system
therefore play a subordinate role. Following a constant discharge was used in simulation.
During all simulations, the input current in Figure 1b was used. The current based on a
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charging energy EC = 1200 J discharge was modelled as a damped sine function with a
frequency of f = 14.5 kHz, a maximum current amplitude of Imax = 37 kA and a damping
factor of 5600. All simulations were evaluated in 1 μs time steps. According to Equation (1),
the corresponding skin depth in aluminium (Al99.5) was 678 μm. During all simulations,
sheet metal with a thickness of s0 = 200 μm was used. As a result, the initial electromagnetic
field was not shielded completely by the sheet metal and hence, a current was generated
in the die depending on the die material. To specify the impact, the impulse J of the sheet
metal was calculated by integrating the body force FLN in -Z direction over the whole
volume of the workpiece, see Equation (3) and over four current periods T of the oscillating
circuit described by the damped sine oscillation:

J =
∫ 4·T

0
FLN,xdt (3)

Figure 1. Simulation model; (a) schematic; (b) input current (tool coil).

2.3. Experimental Setup

During the experiments, a capacitor bank (capacity of C = 100 μF) with a maximum
charging energy of EC = 1800 J at maximum charging voltage of U0 = 6 kV was used,
see Figure 2a. Forming experiments were carried out with charge energy of 1200 J. Switch-
ing was done by a single ignitron (NL508/NL508A, National Electronics, LaFox, IL, USA).
The inductance of the circuit including the tool coil was approximately L = 0.6 μH. As tool
coil, a single straight conductor with a rectangular cross-section of 5 × 5 mm2 was applied
(Figure 2b). The tool coil was made of copper (E-Cu57) by milling. It was embedded
in a polylactide carrier structure and insulated from the workpiece with 195 μm thick
polyimide foil.

Al99.5 sheets with a thickness of s0 = 200 μm dimensioned 50 × 50 mm2 were used
during the experiments. In combination with the single straight conductor coil and ca-
pacitor bank used in the tests, the skin depth in the aluminium sheet metal was 678 μm.
Therefore, the die is in the range of the electromagnetic field during the experiments.
For validation of the simulation results, four dies for free bulging were used, see Figure 3a.

During the experiments, five workpieces were formed with each die. The convex
side of the formed sheet metal geometry was measured by a laser confocal microscope
(VXK-210, Keyence, Itasca, IL, USA). With these measurements, the die specific bulge
height h was determined. The bulge height was defined as the maximum distance of the
convex formed sheet geometry and the undeformed flange geometry (see Figure 3b).
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Furthermore, embossing experiments were carried out on raised circular structures,
regarding the transfer of the results to replication processes, (see Figure 4a). These exper-
iments were carried out with Al99.5 sheets with a thickness of 50 μm and 800 J charge
energy. Austenitic chrome-nickel steel (X5CrNi18-10) and copper (E-Cu57) dies were used.
The corner radius r achieved along and perpendicular to the effective tool coil area was
determined as a measure for the embossing result (see Figure 4b). The measurements were
carried out with a laser confocal microscope (Keyence VXK-210).

 

Figure 2. Experimental setup; (a) equivalent circuit diagram; (b) tool coil.

Figure 3. Forming experiment; (a) free forming die geometry; (b) resulting workpiece geometry.

Figure 4. Embossing experiment; (a) die geometry; (b) resulting workpiece geometries.
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3. Results

3.1. Simulation Results

In a first step, the simulated impulses J on the workpiece were plotted against the
resulting skin depth δ of the die material (see Equation (1)). The impulse J could not be
correlated to the skin depth δ and the maximum values can be achieved with different
combinations of specific resistance ρ and relative permeability μr values (see Figure 5).
In contrast to influence of sheet metal thickness in electromagnetic forming, the electro-
magnetic die properties must influence the impulse on the sheet metal independently.

Figure 5. Simulated impulse as a function of the resulting skin depth for the parameter combination of specific resistance ρ

and relative permeability μr values.

The influence of relative permeability μr and specific resistance ρ on the impulse J
of the workpiece is shown in Figure 6. The impulse J rises significantly with the specific
resistance ρ until a maximum value is reached at about 1 × 10−5 Ω·m. Further increasing
specific resistance ρ does not affect the impulse J. With an increase of the relative perme-
ability μr, the impulse J also increases. Thus, the die material must be chosen carefully
for efficient electromagnetic forming of thin sheets with the demand of minimum specific
resistance ρ and high relative permeability μr.

The process effect of the electromagnetic force depends on the current density j,
the magnetic flux density B and electric field strength E in the workpiece (see Equation (2)).
Based on this, the die material must have an influence on the current density j, magnetic
flux density B, magnetic field strength H or the electric field strength E in the workpiece.
Figure 7 shows the dependence of the maximum current density jmax in the sheet volume
as a function of the die material properties. An increase in the current density j is caused
by high specific resistance ρ and relative permeability μr values. Thus, the increased pulse
could be explained by an increased current density j.
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Figure 6. Simulated impulse J on thin aluminium sheets for different electromagnetic properties of the die material.

Figure 7. Maximum current density jmax in the workpiece volume in respect of the specific resistance ρ of the die material.

To analyse the effect of the electromagnetic field penetrating the die, the electric charge
q of the die is calculated, by the integral current density j in the die y-z-surface over time t.
This value enables the investigation of the energy which is transferred in the die. The electric
charge q is reduced by an increased relative permeability μr and specific resistance ρ (see
Figure 8), so a current flow in the die is suppressed by the material properties.

According to a current flow in the die, an electromagnetic field is induced from the
die. This field causes a force to act against the forming direction, which reduce or can even
result in a negative impulse JN. Corresponding to the current flow in the die, it is induced
for low specific resistances ρ and low relative permeability μr (see Figure 9). So, the impulse
J during electromagnetic forming is decreased though the acting of the inducted die current
density j.
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Figure 8. Integral of the current density j in the die volume over time in respect of the specific resistance ρ of the die material.

Figure 9. Integral of the negative force components over time in respect of the specific resistance ρ of the die material.

In addition to the influence of the die material on the current density j in the workpiece,
the field changes in strength and shape by the different material properties. Figures 10 and 11
shows this change in the field regarding the material properties, each highest and lowest
specific resistance ρ and relative permeability μr. For dies with high relative permeability μr
within the die volume, a low field strength H is present. However, this is followed by a field
concentration within the sheet volume which leads to a higher impulse J. A decrease of the
field strength H is observed by the increase of the specific resistance ρ. However, the field is
more concentrated in the die for a low specific resistance ρ, thus the impulse J is lower for
the workpiece due to the higher effect in opposite direction.
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Figure 10. Distribution of the magnetic field with high relative permeability μr of the die during the maximum current
density in the tool coil.

Figure 11. Distribution of the magnetic field with low relative permeability μr of the die during the maximum current
density in the tool coil.

For a further comparison of the influence of the die material properties on the magnetic
field, a normal distribution of the field is assumed. The average magnetic field strength
Ha is calculated as the average in the workpiece volume at the time step of the maximum
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tool coil current. In respect of the electromagnetic die properties the results are shown
in Figure 12. The average field strength Ha in the workpiece can be increased with high
relative permeability μr and high specific resistance ρ of the die material.

Figure 12. Average magnetic field strength Ha in the workpiece in respect of the specific resistance ρ of the die material.

To show the influence of the die material properties on the distribution of the field
strength H which penetrates the workpiece, the deviation of the distribution of the field
strength Hd in the workpiece volume during maximum tool coil current is shown in
Figure 13. Once more, a high relative permeability μr and a high specific resistance ρ
increase the spread of the field strength H in the workpiece. Thus, the spread or the
effective range of the electromagnetic field of the tool coil is changed by the die material
properties.

Figure 13. Field strength deviation Hd (standard deviation of the magnetic field strength) in the workpiece in respect of the
specific resistance of the die material.
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3.2. Experimental Results

Based on the electromagnetic simulation, an initial qualitative confirmation of the
results can be carried out by comparison with experiments. Due to the dependence of the
impulse J on the current density j (see Equation (2)), which in turn influences the plastic
material behavior, a clear validation by the forming result is not possible with the actual
model. The correlation in Figure 14 of the impulse to the forming result, which represented
by the bulge height h, shows a linear dependence with good agreement. The results of
the simulation model are confirmed under the boundary condition that more impulse
causes a greater forming result. In contrast to this are the effects from the change of the
plastic material behavior, which can be traced back to the die material. First, the current
density in the workpiece is changed, which results in an influence on the plastic material
properties by exceeding the limiting current density described in the literature (EPE) [21].
At the same time in dependence of the die material, current flow and forming lead to
heating, which affect the material properties during forming. Likewise, it cannot be
ruled out that different temporal and local force effects, which are not considered by the
impulse, lead to a change in the strain rate and strain state, as well their material property
dependencies. Regarding the differentiated consideration into influence of the relative
permeability μr, the influence on the impulse can be confirmed by the comparison of the
iron-based dies with different relative permeability μr and comparable specific resistance
ρ. The impact of specific resistance ρ is shown by comparing the results of aluminium or
copper-based dies with austenitic chrome-nickel steel-based dies, which have comparable
relative permeability μr.

Figure 14. Corresponding experimental bulge height h for the simulated impulse J for different die
materials with linear correlation line for a 1250 J forming experiment.

Regarding the embossing by electromagnetic forces, the performance of electromag-
netic embossing can be increased by the influence of the die material. The influence of
the die material is shown in Figure 15 by comparing the achieved inner corner radii r.
Austenitic chrome-nickel steel-based dies achieve smaller radii r than copper-based tools,
with lower specific resistance ρ for both directions considered. This makes embossing with
steel-based dies more efficient in terms of die properties.
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Figure 15. Comparison of the inner corner radius in two directions and the embossing result of two
embossing dies made of austenitic chrome-nickel steel and copper, cf. [25].

4. Conclusions

In the case that the die is within the effective range of the electromagnetic wave,
an influence of electromagnetic properties of the die material on the forming process can be
proven in simulation and experiments. The specific resistance ρ and relative permeability
μr influence the transmitted impulse J during the forming process. Both a high specific
resistance ρ and a high relative permeability μr of the die material cause a higher impulse.
The following conclusions can be drawn:

• Below a specific resistance ρ of around 10−5 Ω·m, a decrease in the workpiece impulse
during electromagnetic forming can be expected. To increase forming efficiency,
the die material should have a higher specific resistance ρ.

• The relative permeability influences the impulse up to a relative permeability μr of 5,
whereby the influence decreases with higher relative permeability μr. A high relative
permeability μr is positive regarding process efficiency.

• The influence of the die material on the impulse J is due to the current density j in
the workpiece. A high specific resistance ρ and relative permeability μr cause higher
current densities j, which increases the impulse J on the workpiece.

• The properties of the die material influence the field, which can be seen in the change
of the distribution and level of the field strength H. A high specific resistance ρ and
relative permeability μr lead to a magnetic field concentration.

• The results of the simulation confirmed by forming experiments using free forming of
bulge structures.

• The results of the simulation and free forming could be transferred to electromagnetic
embossing and it could be shown that an improvement of the impression is possible
due to the die material influence.

From the consideration of the influence of the electromagnetic properties of the die
material it can be concluded that the die with material properties and geometry by local
changes influences the process. Consequently, when designing the process for electro-
magnetic forming thin sheet metal, it is necessary to consider the repercussions of the die
properties and the cavity. In combination with the dependency of thin sheet metal on the
discharge frequency, the die, workpiece, tool coil and impulse forming system must be
considered. In addition to this additional effort in the process design, the influence of the
die material offers a possibility to improve the performance of the forming process by local
adaptation via the die. With this aim, the influence of the die on the produced geometry
and the conditions prevailing during the process must be determined. Thus, the impulse
is changed during the forming process, but beyond that, influences regarding workpiece
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temperature and strain rate are expected. According to this thesis, influences on the plastic
material behaviour of the workpiece following, so that the changed generated geometry
cannot be entirely explained by different impulses.
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Abstract: In order to take up some challenges in metal forming coming from the recent environmental
stakes, Electromagnetic Forming and Electro-Hydraulic Forming processes have been developed at
the industrial scale, using the advantages of high strain rates. Such progress has been possible in
particular thanks to the emergence of strongly coupled simulation tools. In this article, some examples
have been selected from some industrial applications in deep forming, postforming, embossing, and
complex shapes forming. It shows how in particular, the increase in formability can bring benefits
to solve customer issues in the automotive, luxury packaging, aeronautic, and particles accelerator
sectors. Some simulation results are presented to explain how this highly dynamic forming occurs
for each of these applications.

Keywords: electromagnetic forming; magnetic pulse forming; electro-hydraulic forming; high strain
rates; lightweight; high pulsed power; formability; simulation

1. Introduction

Many industries are facing new regulations concerning greenhouse gas emissions
and are urged to find efficient solutions to reduce CO2 emissions. Lighter structures are
one of the solutions for the transportation industry, provided that equivalent safety levels
are maintained. These mass reduction policies often impel the use of lighter metallic
materials or with increasingly high performances. However, in most cases, the mechanical
properties of these materials and the associated thickness reductions lead to forming issues
that are hard to solve using current industrial processes. Forming limits are often too low,
higher springback appears, making it difficult to meet dimensional tolerances, and these
new parts require increased press tonnages. High strain rates forming processes make it
possible to overcome some of these limitations at low costs by inducing interesting material
behaviors. The most interesting ones are an increase in elongation at break and the ability
to reduce springback significantly, in particular for parts made of Aluminum and high
strength steel. Regarding springback, when the impact velocity between the sheet and
die or the pressure applied is controlled, the compressive stresses generated through the
thickness can eliminate most of the elastic tensile stresses happening during forming and,
therefore, produce a part that is geometrically much closer to the shape of the die than with
conventional cold forming processes. Furthermore, in the automotive industry, this trend
to reduce mass must be satisfied by keeping the same expectations on outer panel designs
for marketing reasons. High impact velocity processes bring an additional competitive
advantage, allowing to get complex shapes and very fine details like the ones obtained
when stamping a coin. All these abilities are of interest for many other industries such as
consumer electronics, luxury packaging, watches, etc.

One of the key contributing factors to the recent success of these decades-old processes
is the ability to rely on new improvements in multiphysics simulation tools. These allow
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for a much better understanding of underlying physical phenomena, the design of long
lifetime tools, and a significant increase in the predictability and control of the complex
high-speed forming parameters, thereby extending their fields of industrial application.
Flow stress tends to increase with strain rate for materials with positive strain rate sen-
sitivity. For a given part velocity, the smaller the details are to form, the higher are the
strain rates, which tends to increase the difference in behavior with quasi-static properties.
Therefore, dedicated material characterizations, including constitutive laws and forming
limits dependent on the strain rate, are often required to get predictive simulations. With
these inputs, simulations can evaluate how the thickness of the sheet is distributed along
with the formed shape and identify possible risks of tearing.

This paper focuses on the Electro-Hydraulic Forming (EHF) and Electromagnetic
Forming processes (EMF), although other high strain rate forming processes exist, using
explosives, vaporizing foil actuators, or laser shocks. For more information about EMF,
a complete review has been proposed by Psyk et al. [1]. In this paper, we first discuss
the increase in formability at high strain rates. Then, even though most of the industrial
parts cannot be disclosed for confidentiality reasons, several parts formed by Bmax are
presented for low and high-volume production. For each of them, details are given, such as
the industry involved, part geometry, material, and advantages compared to conventional
processes. A particular focus is made on simulation results in order to better visualize the
type of deformations specific to high-speed forming. Finally, a point is made regarding
some of the main limitations of these processes from an industrial point of view.

2. Formability at High Strain Rate

Formability improvement at room temperature in pulsed forming is a phenomenon
that has been observed by multiple researchers. This benefit is discussed, for example, in
reviews by Daehn et al. [2], Jenab et al. [3], and Demir et al. [4].

Nonetheless, when a sheet is deformed in free-forming into an open cavity without a
die, some researchers observed almost no improvement like Golovashchenko [5] for an Al
6111-T4 and an Al 5754. This can be explained as in an unarrested expansion, if the part is
aimed at remaining unfailed, it must come back to zero velocity so ending by a quasi-static
forming. Nevertheless, Renaud [6] observed improvements in open cavities, higher in
plane strain than in uniaxial or biaxial tensions, and getting improvements in plane strain
of 8% for mild steel, 50% for an Al 5052, and 70% for an Al 3004.

In free displacement of the sheet, if the speed stays high, it is generally accepted
that an increase in formability can already happen due to inertial necking resistance and
strain rate hardening beyond a threshold strain rate and material-dependent (typically
in the order of 103 s−1 to 104 s−1), both working against strain localization. It can be
explained by a change in deformation mechanism compared to quasi-static strain rates,
for example, twinning formation, dislocation drag, reduced dislocations motion, and void
growth. However, although this formability improvement before impact is a feature of
many materials like Aluminum, it is not a general feature for all of them. For example,
Kim [7] followed high-speed free-forming deformations in time by using a fast camera and
found no improvement in forming limit diagrams (FLDs) for CQ and DP590 steels.

Nevertheless, high strain rates in forming applications generally induced an impact of
the sheet on a die, inducing several other phenomena that need to be considered to fully
understand the cases of extraordinary increase in formability.

One of these phenomena is the ironing effect when the impact velocity, above several
tens of meters per second, creates high compression stresses through the thickness of the
part. As explained, for example, by Jenab [3], the compressive stresses are also transmitted
downstream of the impact, i.e., in the not yet impacted zone. This compressive stress state
could decrease or suppress void nucleation and growth, and therefore, prevent or at least
delay the formation of damages in the following phases of deformation. Additionally,
at high impact speed, a flow of material is generated downstream of the impacted zone,
tending to thicken the part in the not impacted portion. This can compensate for thinning
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coming from bulging of the part and also prevent or postpone tearing that could happen
due to excessive stretching. This ironing effect is shown in Figure 1, where a 50 mm
diameter hemisphere made from an Al 5182-O is formed by EHF at different energy levels.
Figure 1a demonstrates the increase in formability when the forming velocity is high
enough, and Figure 1b illustrates how the ironing takes place against the die, with an arrow
giving the direction of the evolution of the impact.

(a) (b) 

During EHF After EHF 

1.7 kJ 3.5 kJ 5.7 kJ 

Figure 1. EH Forming of a 50 mm hemisphere: (a) experimental results at different energy levels; (b) related simulation at
5.7 kJ during and after forming.

Similar to the observations from Allwood [8], who showed an increase in formability
from 7% to 300%, Demir et al. [4] suggest that another possible reason for the increase
in formability comes from the out of plane shear stress due to the type of loading in
EMF where Lorentz forces act perpendicular to the sheet. It could be the same in the
EHF process.

Another possible positive effect on formability can be due to the simultaneous stretch-
ing and bending while forming. Emmens [9] has shown an increased elongation before
rupture from 25% up to 430% in a quasi-static tensile test combined with bending. Addi-
tionally, this could be similar to what has been described by Duroux [10] in conventional
stamping at the entry radius of a blank drawn inside a die. These two processes generate
compressive stresses in a portion of the thickness due to bending that can delay damage
formation even if this compression does not occur through the whole thickness of the
sheet. Similarly, in high-speed forming, if both part velocity and distance between two
contact points of the part with the die are important enough, the motion of accelerated
parts tends to be flat before impact. This is illustrated in simulation plots of Figure 2
inspired from Yamada [11] for an Aluminum strip launched with an initial vertical speed.
With an initial velocity of 18 m/s (a), the shape downstream of the impact with the die
is curved, while it is almost flat at 120 m/s (b). Colors represent the pressure (Pa) in the
material. The detail in Figure 2c shows with a white arrow the compression (red zone)
in part of the thickness downstream of the impact point due to bending. This forming
particularity should therefore contribute sometimes to the observed increase in formability
due to high speed.

Figure 2. Pressure in an Aluminum strip launched at 18 m/s (a), 120 m/s (b), with a zoom at impact
location for 120 m/s (c).
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Based on all the above-mentioned considerations, the forming process should be
designed in such a way that large strains occur to take advantage of these positive effects
on formability. For example, forming local features in relatively small areas induces large
strains and very high strains rates (>104 s−1). This makes it possible to perform sharp
radii without tearing in particular for Aluminum, to form and engrave metallic parts with
very fine details, to use stronger materials with too low formability in quasi-static forming
in order to reduce the thickness of the sheet, sometimes to eliminate heat treatments by
enabling to form parts directly from sheets already in their final tempered state, and more.

Regarding FLDs at high strain rates coming from experimental results published in
the literature, they should be used with caution. Indeed, forming limit curves are valid for a
linear deformation path, and when the full thickness is in tension, this is not always the case
when forming complex shapes at high strain rates, like sometimes also with particular slow
forming processes. Moreover, when an important ironing effect takes place, the thickness
of a sheet reduces, and the final measured extension at the surface can sometimes no longer
be due to tensile stresses alone but also through thickness compression that deforms the
part in-plane due to conservation of volume. Nevertheless, analyzing deformations from
simulations in FLDs before impact remains of interest to evaluate the risks of tearing.

3. Deep Drawing and High Strain Rates

Generally speaking, forming a deep cavity requires sheet metal drawing from the
flange to limit deformation. High strain rates forming are generally too fast to give enough
time to the material to flow extensively under the blank holder. Therefore, deep cavity
parts can be formed either by multiple pulses or by preforming operations on a press, as
discussed in multiple publications reviewed by Psyk et al. for EMF [1].

The multi-pulse approach is expected to be more applicable when the cost of the tool
is a more significant factor than the cycle time. The hybrid forming approach, combin-
ing possibly in the same operation quasi-static forming and pulse restriking or forming,
provides a substantially shorter cycle time but requires more sophisticated tooling.

Regarding EHF, the hybrid processes can be performed by combining it either with
hydroforming [12–15] or with stamping [16]. To demonstrate the latter, a part was designed
to be formed by a cylindrical punch in which an Electro-Hydraulic chamber is integrated
to form the central shape. The principle is shown in Figure 3.

Figure 3. Principle of the process combining stamping and EHF. (a) Initial position; (b) after stamping; (c) after EHF. 2:
blank; 4: chamber; 6: die; 8: guiding columns; 10: electrodes support; 18: kiss block; 26, 32: punch; 28: sealing; 34: water; 36:
electrodes system; 28: stopper.

The demonstration part was made from a blank in Al 6061-T4, 1.5 mm thick. The
cylindrical cavity was 200 mm in diameter and 80 mm deep. As shown on Autoform®

simulation results presented in Figure 4, it is designed so that it cannot be formed using
conventional stamping in one step. Indeed, deformations generated by the smaller central
punch reported on a forming limit diagram (Figure 4c) show red spots way above the
Forming Limit Curve in plane strain.
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(a) (b) (c)

Static Forming Limit Curve 

Punch 

Blank 

Blank holder 

Die 

Figure 4. Conventional stamping simulation details using an outer punch first and then a central one: (a) tooling shapes;
(b) formed part; (c) deformations plotted in the Forming Limit Diagram.

To simulate the hybrid process combining quasi-static stamping and EHF, the LS-
Dyna® finite element software has been used. To accurately predict the forming, the
evolution of the electrical power as a function of time has been taken into account with
a model dependent on the parameters of the high voltage generator, as presented by
Deroy [17]. This electrical current in the arc generates pressure waves inside an Eulerian
mesh, representing the volume of water, while the metallic sheet to be formed is represented
by a Lagrangian mesh. At each time step, the two meshes are coupled so that the pressure
generated in the water is transferred as a force to the sheet being formed. The dynamic con-
stitutive behavior of the material depending on strain rate, as presented by Jeanson [18,19],
is also required to correctly predict the proper strain and stresses distribution in materials.
The simulation results of the combined process are shown in Figure 5.

Figure 5. Simulation results of a combined stamping and EHF process using an outer punch first: (a) formability keys
reported on the part; (b) deformations plotted in the Forming Limit Diagram; (c) thicknesses map.

As seen in Figure 5b, contrary to stamping, deformations of the central portion with
EHF have positive minor deformations and so are not in plane strain. Nevertheless, some
areas are still above the static forming limit curve in yellow (Figure 5c).

The EHF generator used to produce the parts has the ability to store energy up to 25 kJ
and is connected to one set of electrodes located inside the punch. It has been specially
developed for mass production with a lifetime of insulators relevant for industrial applica-
tions. Typical designs of EHF electrodes are reported, for example, by Golovashchenko [13]
or by Felts [20] without membrane and by Brejcha [21] with membrane.

Here, the hybrid tooling is integrated into a 400-ton press, as shown in Figure 6a. The
bottom of the punch is closed by a membrane in its center to avoid contact of the formed
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part with water and, more importantly, to avoid time loss in water filling, allowing high
production rates. For the drawing phase, a blank holder is used with the proper retaining
force to avoid any wrinkle of the part when flowing inside the die.

Figure 6. Pictures of tooling and parts formed in 1 stroke and 1 EHF discharge: (a) setup integrated
in the press; (b) part formed with details in the center; (c) part formed with cutting in the center.

Despite deformations above the static forming limit curve (Figure 5b), Figure 6b
demonstrates a part formed without tearing thanks to high strain rates and the ironing
effect. In addition, fine details have been formed in the center. Different shapes can be
proposed by changing the central insert in the die, making it possible to perform forming
as well as cutting operations (see Figure 6c). Since no punch is used in the central area with
EHF, it is easy to customize parts without time-consuming dies adjustment phases.

This application is an example presenting the interest to couple conventional deep
drawing and EHF with a membrane in the same step, possibly at high production rates, in
order to get shapes not feasible with mechanical stamping.

4. Hood Panel Postforming by EMF

For lightweighting purposes, integrating an EMF coil in a conventional press line
gives the possibility to restrike character lines of an outer panel in order to get the radii on
Aluminum as small as the ones obtained on steel panels, without tearing or visual defects.

Here is the case of the postforming of sharp edges in a Lamborghini Aluminum
hood performed for design purposes as presented by Held [22]. The requirements for the
application were the forming of character lines with an edged V design 500 mm long on a
hood panel made of a 1.2 mm thick Al 6016-T4, with a size of 1 m × 2 m. The idea was to
produce a unique lightweight concept with sharp edges to participate in the impression of
a highly dynamic car. The difficulty for a conventional stamping process was to get small
radii due to the limited formability of the Aluminum at low strain rates.

The main objectives of the project were to show the ability of the EMF process to
achieve this specification without creating any surface defects, which is crucial for outer
panels, to integrate the tool into a conventional production line, and to show the environ-
mental sustainability of the process due to very low energy consumption. A cut-view of
representative tooling is given in Figure 7.

Figure 7. Principle of the EMF postforming process.

For this implementation, the process took place in a specific operation OP35 (see
Figure 8), between the trimming and the first flanging step of a press line initially compris-
ing four operations.
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Figure 8. View of the five tools integrated into the stamping line and localization of the EMF operation.

The design of the EMF tool was performed using the strongly coupled LS-Dyna
simulation code, taking into account Lorentz forces, dynamic behavior at high strain rates,
and heating, which remained reasonable despite the high current involved (hundreds of
kA). To generate appropriate Lorentz forces in order to get a uniform final radius along the
character line while respecting acceptable stresses in the whole one-turn coil, 2D and 3D
simulations were performed with specific attention to the slot region of the coil where the
current enters and leaves the coil. To get the forming there, the magnetic field was kept
above a certain value (see Figure 9). The required energy to get the final part was 15 kJ
delivered in one discharge.

(a) (b) 

Figure 9. Top view of the magnetic field along the working area of the coil close to the slot location (a) and the associated
amplitudes (b).

The process robustness and reproducibility are mainly ensured by the precision of the
charging voltage, the part positioning, a peak current high enough to form whatever the
material batches, and the coil insulation material. An important phase to avoid any surface
defects on the part is the spotting operations to adjust the surfaces of the non-conductive
support around the coil. Such operation in conventional stamping is much more time-
consuming, as both metallic die and punch surfaces need to be adjusted with extreme
precision by manual grinding, honing, and polishing. Figure 10b,c shows the ability of
the tool to create very sharp features. In these pictures, a sharper than needed radius was
produced, with a final measured radius of 0.1 mm, starting from 4 mm.
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Figure 10. Hood after EMF calibration (a) Hood installed on the tooling, (b) microscopy images of the cross-section of the
sharp radii, (c) hood details after painting.

At the end of the process, the material flow seems closer to forging than forming
and shows how high strain rates make it possible to form sharp corners with high local
deformation without rupture. However, radii of about 1 mm are more generally used by
car manufacturers for optimum painting and pedestrian safety issues.

This on-site, small series production made it possible to qualify the technology in
terms of integration in a press line and safety. Since then, in other projects involving
Renault [23], such EMF tools were integrated directly in the last flanging step and used for
larger series production. A cooling system was integrated into the tool to ensure that the
production rate of the press line could be maintained, and a specific automated connection
system was developed to respect the tooling changing time requirement of press lines.
Typical times to change all the tools, such as those in Figure 8, in order to start a new series
production, are between 4 and 20 min depending on the car factory. The EMF process and
produced parts were fully qualified, including production rate, coil lifetime, surface quality,
painting quality, as well as parts microstructure and mechanical strength.

5. Embossing by EHF for Luxury Packaging

To show the ability of EHF to create embossing, the example of the “J’Adore L’Or”
perfume bottle cap is taken. This design received the Packaging of Perfume Cosmetics and
Design award at the PCD Paris 2018 event.

To manufacture perfume caps in metal for premium products rather than metalized
plastics, leading brands generally use Zamak casting. An alternative to this zinc-based
alloy is the use of Aluminum processed by EHF.

The blanks are made of Aluminum alloy 5657 with a thickness of 0.8 mm. As for the
EHF application shown previously, the process was modeled by a fluid-structure interaction
and a time-dependent energy deposition to generate the correct pressure waves resulting
from the discharge, and therefore, to properly predict the forming. This is illustrated in
the example in Figure 11, where a parallel between simulation and experiment during
the forming sequence of the cap is presented. Pressure contour plots are shown at four
different timesteps, revealing the dynamic forming of the blank that impacts the die with
peak velocities above 100 m/s.
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t = 0 t = 16 μs t = 50 μs t = 84 μs t = 119 μs

Figure 11. Forming simulation with pressure contours of propagating shock waves for the “J’adore L’Or” upper cap at
different time steps.

In static, the uniaxial strain to failure of the Al5657 was 17%. Extrapolating this data
and building the theoretical forming limit curve in biaxial expansion by the Storen-Rice
formula, one finds 20% in major strain and 20% in minor strain. In the case of the cap, the
deformation in the top corner reaches 40% in major strain and 20% in minor strain without
rupture. Ironing and bending while forming phenomena that explain part of this increase
in formability can be seen at the impact location with the die in the simulation plot of
Figure 11 at time t = 50 μs (red circle). Regarding the details, they are properly formed once
the shape of the bottom corner is complete and thanks to a reflected wave with increased
pressure moving up, coming from the bottom of the part (see simulation plot at t = 119 μs).

Other relevant features of the “J’adore L’Or” perfume caps are the sharp angles and
very fine details achieved shown in Figure 12b,c. The different manufacturing steps are
also shown in Figure 12a. The cap is made by assembling two parts, with one remaining on
the glass bottle. The blanks are formed with a conventional progressive stamping process
by the G. Pivaudran company, as well as the final cutting, anodization, and assembly. The
whole EHF step was developed and is performed by Bmax.

(a) (b) (c)

Figure 12. Manufacturing steps (a) and parts detail (b,c) of the “J’adore L’Or” perfume caps.

For the first time using the EHF process, mass production has been performed with a
fully automated production line. Parts production of this new design had been performed
over seven months for the launch of the product and continued for the following years.
Figure 13 shows a single soundproof integrated EHF machine located around a pooled
conveying system able to produce such a part. Its production capability in three shifts is
1 million parts per year, using only one electrode system.
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 Conveyers Production cell HPP generator  Fluid unit 

Figure 13. Fully automated EHF production system for small parts.

Several EHF machines like the one in Figure 13 can be placed around this conveying
system in order to increase the production rate or to produce different parts as the conveyor
is equipped with a handling robot capable of optically detecting the type of parts that are
being fed.

Thus, the increase in formability of this Al 5657 due to high strain rates gave the
possibility to use Aluminum instead of Zamak casting, offering finer engravings, a larger
color palette thanks to anodization, a durable product, and a substantially greener pro-
cess. This is another example of how ultra-high-speed forming can push the current
design limitations.

6. Radio-Frequency Half-Cavities Formed by EHF

EHF has been explored for the production of several Superconducting Radio Fre-
quency half cavities for CERN of 400 MHz, 800 MHz, and 1300 MHz. The main results
have been described by Atieh [24] and Cantergiani [25,26]. The 400 MHz frequency cavi-
ties made of electronic oxygen-free electronic (OFE) copper are used for the large hadron
collider (LHC) and will also be used a priori for the future circular collider (FCC) that
was initially foreseen at 700–800 MHz using high purity bulk niobium. Traditionally, such
cavities are fabricated by the electron-beam welding of half-cells obtained through sheet
metal forming techniques such as deep-drawing, spinning [24], or hydroforming [27].
These traditional shaping methods show several drawbacks. The first two of them leave
100–200 μm of the inner surface damaged layer due to friction with the tools, and this
layer needs to be removed by buffered chemical polishing to improve RF performances.
For deep drawing producing complex shapes with high accuracy, it is difficult, and for
large half-cells, such as the 400 MHz ones, it would require high-tonnage hydraulic presses.
Furthermore, springback causes significant deviations from the die geometry, in particular
in the central area—the iris—[28] despite die compensation. Thus, for large components,
a combination of spinning and machining to get the proper geometry was initially pre-
ferred. However, this also presents some disadvantages as it requires several spinning
steps, including intermediate annealing, to avoid necking [29]. Full cavities without weld
at the equator can also be obtained through hydroforming from a tube [27]. The springback
is also an issue for this process, and the precision of the internal RF surface is highly
dependent on the thickness variation due to the stretching and tolerance of the starting
tube. Thus, geometrical tolerances remain large here also. Moreover, if Niobium is used,
tube procurement is an issue financially and from a supply point of view.

These drawbacks associated with traditional techniques can be overcome or limited by
EHF, making it possible to get tight geometrical tolerances due to the reduced springback
and to avoid intermediate annealing due to the increase in formability.

For such large parts, multiple shots are required to get the final geometry. OFE copper
and Niobium constitutive laws have been shown to be very sensitive to strain rates for a
few 103 s−1 [26]. Thus, proper material models are mandatory as input in simulations to
optimize the EHF process parameters, such as the energy level, the number of electrode
systems, and the number of successive discharges. At the end of the simulation for a shot,
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the deformed sheet with its residual stress-strain distribution is used as a starting blank to
simulate the next forming shot. An example of 3 simulated forming shots for a 700 MHz
half-cell is shown in Figure 14, where the evolution of deformation can be seen. As the
initial diameter of the blank is the same as the external diameter of the blank holder, one
can see that shot after shot, the material is drawn inside the die.

(a) (b) (c) 

Figure 14. Two-dimensional-axisymmetric EHF simulations of a 700 MHz copper cavity showing the pressure fringes (Pa)
inside the discharge chamber during three successive shots (a–c) and showing the deformation almost completed after
each shot.

Figure 15a shows the EHF set-up used to produce the 400 MHz half cells of Figure 15b,
and examples of 700 MHz half-cells are given made of OFE copper in Figure 15c and
niobium in Figure 15d.

Figure 15. Experimental EHF set-ups: (a) closed 400 MHz tooling; (b) 400 MHz OFE copper half-cell; (c) 700 MHz OFE
copper half-cell; (d) 700 MHz niobium half-cell.

The shape accuracy of 400 MHz half-cells formed by EHF was compared at CERN with
the shape accuracy of 400 MHz half cells obtained by spinning, including an intermediate
annealing step and complete machining of the inner surface [30]. The latter were obtained
starting from a blank of 4 mm in order to have enough material for the final machining
step to achieve the required inner shape.

EHF was performed on copper sheets of 3 mm thickness without any intermediate
annealing or machining. The results obtained by geometry control are shown in Table 1,
and the roughness values are shown in Table 2.

From the values, one notices that EHF gives results in agreement with the precision
required and is more precise than spinning and machining. Moreover, as shown in Table 2,
the value of roughness before and after EHF is preserved both for copper and niobium
half-cells. The thicknesses of the formed 400 MHz half-cell were extracted for both EHF
and spinning and are shown in Figure 16.

151



J. Manuf. Mater. Process. 2021, 5, 96

Table 1. Shape accuracy at iris and equator for 400 MHz copper half cells formed by EHF and
spinning + machining [26].

Shape Accuracy EHF Spinning + Machining

Diameter at the Equator [mm] 687.64 687.81

Circularity at the equator [mm] 0.03 0.63

Thickness at the Equator [mm] 2.99 ± 0.02 2.30 ± 0.14

Diameter at the Iris [mm] 299.91 300.02

Circularity at the iris [mm] 0.08 0.77

Thickness at the Iris [mm] 2.05 ± 0.05 2.35 ± 0.07

Table 2. Surface roughness (Ra) measured for 400 MHz copper half-cells, 700 MHz niobium, and
copper half-cells [26].

Half-Cell
Ra before EHF

[μm]

Ra before
Spinning +
Machining

[μm]

Ra after EHF
[μm]

Ra after
Spinning +
Machining

[μm]

400 MHz copper 0.17 0.25 0.48 0.76

700 MHz copper 0.2 - 0.2 -

700 MHz
niobium 0.8–0.9 - 0.9–1 -

Figure 16. Thickness distribution for 400 MHz copper half-cells obtained through EHF or through
spinning followed by machining [26].

As shown in Figure 16, the thickness distribution found for EHF is homogeneous on
the whole half-cavity profile with values between 3 mm and 2.3 mm as required by CERN.
Only the thickness at the iris was slightly lower than 2.3 mm, but this was accepted by
CERN after structural verification of the loads encountered by the SRF cavity during the
operation. The thickness distribution obtained from spinning and successive machining
shows a higher variability. Moreover, at the equator, the thickness is slightly below 2.3 mm,
and in most of the profiles, the thickness is higher than 3 mm, which can result in difficulties
when the half-cell needs shape deformation to obtain proper RF response (tuning of the
cavity [30]).

Finally, EHF is the process chosen by CERN to supply spare parts for the LHC. In
addition to the manufacturing benefits, the RF results obtained on a 400 MHz full cavity
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formed by EHF were best, as shown in Figure 17 disclosed by CERN [31]. This graph
showing the quality factor (Q0) versus the accelerating electric field (Eacc) is typically
used to measure RF performance, relating the conductance of the inner surface of a given
cavity geometry to the maximal electric field before quench where the cavity loses its
superconducting quality (here, above 10 MV/m for the EHF cavity).

Figure 17. Quality factor (Q0) versus accelerating electric field (Eacc) to measure RF performances of
4 different 400 MHz RF cavities, including cavities formed by spinning and EHF [31].

Therefore, from an industrial point of view, EHF is very attractive to reduce fabrication
time, decrease the cost of half-cells of RF cavities and improve their performance due to
higher precision and better inner surface quality.

7. Oil Deflector for Helicopters

A study was led concerning the forming of an oil deflector using the EHF process,
and D. Allehaux presented the results [32]. This work is the result of a close collaboration
between the industrial end-user (Airbus Helicopters) and the technology supplier (Bmax).
The objective was to verify the ability of the EHF process to form the part starting from
a plate having the final expected temper state. The motivation was to perform global
manufacturing lead time optimization and cost reduction compared to the applied conven-
tional manufacturing method, but also to check the EHF process robustness and to use a
greener technology.

The blank is made of Al 6061 blank, 1 mm thick, and the part has a final diameter of
approximately 400 mm.

The traditional method to manufacture this part is to start with a blank in a T0 state so
annealed. It employs two dies (one male and one female), three stamping steps on a rubber
press that includes a final restriking operation on the female die, two intermediate aging
thermal treatments, a full thermal treatment made of solution heat treatment, quench, and
natural aging and a final manual rework after the restriking operation. The EHF die and
the part with details are shown in Figure 18. The die has been machined directly from
the theoretical geometry of the part. Details show how EHF makes it possible to form
undercuts and complex shapes without time-consuming die adjustment.
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(a) (b) (c) (d) 

Figure 18. Oil deflector female die (a); formed part (b); formed details (c,d).

The part formed by EHF was initially a flat blank in the T4 state, so hardened by heat
treatment, which is the final expected temper for the part in the operation. The geometry
was fully formed in three shots, using a three electrodes system due to the size of the part.

Simulations were performed to define the process parameters of the three different
shots. Figure 19a–e presents one of the simulations of the first shot showing the progressive
forming process and how dynamic it is. Instead of the bulging that would occur in
conventional hydroforming, the part is pushed onto the die by radial ironings from the
center to the periphery and from the periphery to the center. Both then make some extra
material appear in the (c) picture, flattened later without wrinkles in the (d) picture, and
helping to form the grooves without tearing. The two additional shots not shown here
finalize the forming of the grooves.

Figure 19. Oil deflector simulation results at different times (a–e) during the first EHF step.

Several analyses have been performed on the part after EH forming by Airbus He-
licopters, such as geometrical measurement including thickness, crack detection using
dye penetrant analysis, local conductivity, and hardness. No tearing occurs, although a
maximum of 35% thinning was observed in the grooves located on the periphery (see C and
D points in Figure 20c). With the conventional slow forming method, only 15% maximum
thinning was possible before tearing at these locations. As expected, local hardenings have
been observed in the highly deformed areas (zones B, C, and D in Figure 20a), and the
conductivity measured was close to the T6 temper in the D areas (see D1 and D2 points in
Figure 20a), so harder than T4.

The process has been shown to be reproducible from one plate to another. Getting the
part without tearing was possible only by controlling the drawing of the part below the
blank holder to avoid excessive deformation and the location and the energy level of the
discharges. The drawing of the material under the blank holder was obtained by successive
EHF discharges without combining them with hydrostatic pressure or stamping. As for the
forming examples presented before, high strain rates combined with ironing and bending
have been observed in simulations and explain the gain in formability that was noticed.

With these results, cost reduction by Airbus on the product was estimated to be up to
60%, including recurring and non-recurring costs.
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Figure 20. Part analysis—(a) Tested localization labels on the part; (b) Tested area for dye penetrant, conductivity, and
hardness; (c) Mean thickness in different areas; (d) Mean conductivity in different areas [32].

8. Some Limitations When Forming by High Strain Rates

Psyk et al. [1] gave a global overview of limitations concerning the EMF process. Even
if some issues of this technology have been solved since then, it is interesting to refer to
this article for a deeper view.

Among the main limitations of EMF and EHF, even if higher strain rates can bring
potentially better formability, the impact speed often has to be limited to avoid too high
stresses on the die and surface defects on the formed part due to bounce-back or jetting
effects. For the latter, similar to impact welding processes, jetting can appear at high
velocity between the part and the die due to hydrodynamic phenomena when the angle
between the two parts is favorable (typically between 5◦ and 15◦), tending to remove
micrometers of materials from the surfaces of both the part and the die.

A limitation also comes from the thickness of the parts to be formed. Indeed, energy
requirements increase directly with the thickness, which tends to increase the cost of the
generators and decrease the lifetime of the tools (coils in EMF processes, electrodes, and
insulators in EHF processes) as higher pressures are required to deform thicker parts.

For high strain rate forming processes, the lifetime of these tools is generally lower
than the one of metallic punches in traditional stamping processes. This is often related
to areas where significant dynamic forces and/or temperatures are applied. Therefore,
the mechanical strength and lifetimes of high voltage insulators, as well as conductors
driving high energy densities, are a point of attention for high volume pulsed forming
applications. Their lifetime depends on the design, energy, peak pressure, current density,
or electric fields involved. Therefore, to optimize the design of these components and to
choose the proper materials, strongly coupled simulations are of interest. Currently, high-
volume industrial solutions are running using either long-life or cheap and easy-to-replace
materials in critical areas. Their lifetime can be in a range from several thousand to more
than a hundred thousand pulses.

9. Conclusions

Firstly, a synthesis was proposed giving an overview to explain why high strain rates
can increase the formability of metals, as this ability is one of the important competitive
advantages compared to quasi-static processes. The phenomenon of bending downstream
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the impact on the die has been proposed as one of the possible reasons for this increase in
formability.

Several recent industrial applications of EMF and EHF processes were then described
for high and low volume production. A particular focus was made on simulation results
in order to deal with the formability of these parts and to better visualize the type of
deformations specific to high-speed forming. An application in deep forming has been
presented, combining stamping and EHF to take the advantages of both processes. An
example of postforming by MPF showed how to create sharp radii in the automotive indus-
try, possibly for high-volume applications. A high-volume embossing application using
EHF in luxury packaging demonstrated how highly dynamic forming can make it possible
to form complex shapes rather than cast them. Two other examples for the aeronautic and
particle accelerator industries disclosed how the improvement in forming limits can reduce
manufacturing costs, in particular by avoiding annealing and/or machining steps.

Nonetheless, to help have a more global picture from an engineering point of view,
some limitations of the EMF and EHF processes have been pointed out.

As a whole, the presented applications brought specific insight into the possibilities
to use these high strain rates processes for different purposes, including lightweight
designs, manufacturing cost reductions, new shapes, improved perceived quality, and
higher precision.
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Abstract: Electro-Hydraulic Forming (EHF) is a high rate sheet metal forming process based on
the electrical discharge of high voltage capacitors in a water-filled chamber. During the discharge,
the pulsed pressure wave propagates from the electrodes and forms a sheet metal blank into a die.
The performed literature review shows that this technology is suitable for forming parts of a broad
range of dimensions and complex shapes. One of the barriers for broader implementation of this
technology is the complexity of a full-scale simulation of EHF which includes the simulation of an
expanding plasma channel, the propagation of waves in a fluid filled chamber, and the high-rate
forming of a blank in contact with a rigid die. The objective of the presented paper is to establish
methods of designing the EHF processes using simplified methods. The paper describes a numerical
approach on how to define the shape of preforming pockets. The concept includes imposing principal
strains from the formed blank into the initial mesh of the flat blank. The principal strains are applied
with the opposite sign creating compression in the flat blank. The corresponding principal stresses
in the blank are calculated based upon Hooke’s law. The blank is then virtually placed between
two rigid plates. One of the plates has windows into which the material is getting bulged driven
by the in-plane compressive stresses. The prediction of the shape of the bulged sheet provides the
information on the shape of the preforming pockets. It is experimentally demonstrated that using
these approaches, EHF forming is feasible for forming of a fragment of a decklid panel and a deep
panel with complex curvature.

Keywords: electro-hydraulic; pulsed forming; numerical simulation; preforming

1. Introduction

The trend of creating global vehicle architecture in automotive industry described
by Ferreira and Kaminski [1] is broadly spreading among automotive manufacturers.
Sharing components between different platforms and vehicles leads to overall increase in
production volumes and generates a need for high productivity manufacturing processes.
In stamping of sheet metal components, servopress equipment becomes more popular due
to increased productivity compared to the mechanical presses broadly used in industry.
However, the automotive industry has a strong demand for low volume technologies,
which would enable low cost production of prototype parts. Sheet metal forming processes
where one side of the stamping die (typically a punch) is replaced by pressure were
described in a number of publications and reference books on metal forming [2]. These
processes have the strong advantages of lower tool cost due to elimination of the need to
cast and machine one side of the die as well as due to no further need for accurate alignment
of matching portions of the die. These simplifications also shorten the tool development
cycle. This group of metal forming processes are typically employed for deep drawing and
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stretch drawing of sheets and forming of tubular blanks by applying forming pressure from
inside the tubes. Among them are: (a) quasistatic processes, such as superplastic forming
(SPF), hydroforming (HF), rubber/polyurethane forming (RF), and (b) high rate forming
processes, such as electromagnetic forming (EMF), electrohydraulic forming (EHF) and
explosive forming (EF). EMF, EHF, and EF belong, according to Wilson [3], to the group of
high velocity forming technologies.

Quasistatic processes are simpler for analysis and experimental tryout, since they are
similar to traditional sheet metal forming operations where stamping presses are utilized.
A major drawback of these processes is usually in the significant force required to form
the blank: pressure that is needed to form the smallest radius of the die cavity defines the
pressure that has to be applied to the overall surface of the blank inside the die cavity. This
condition leads to significant investments for forming equipment required to implement
these processes. The need to manufacture the prototype parts motivated broad usage of
hydroforming processes employing a polyurethane sheet as a membrane to separate the
sheet metal blank from the fluid. This technology is known as the flexform process [4]. The
term of crush forming is often utilized for these processes because no binder is being used
to control sheet metal flow into the forming die.

The high speed forming technologies were mentioned for industrial applications
starting from 1960s [5], and more extensively in early 1970s [6], mainly due to several
advantages which these processes have compared to quasistatic processes. The most
impressive advantage was in the capability to form parts with dimensions of several
meters. Forming such parts was impossible during that stage of development of metal
forming technology and equipment. Callender [7] reported the results of EHF with a net of
wire bridges to form a dish component 3 m in diameter. Epoxy lined dies were used in these
experiments which started showing degradation after forming twelve blanks. Felts [8]
demonstrated EHF forming of dish components with flanged holes from Aluminum 6016-
T0 as well as deep drawing box type shapes from deep drawing quality steel. A variety of
die materials starting from steel-reinforced concrete, chopped glass-fiber-reinforced epoxy
resin and, in some configurations, tool steel were used.

Hanley [9] carried out a very detailed review of applications of high speed forming
technologies at General Dynamics Corporation: EHF was considered the most efficient
method for forming of tubular blanks with potential punching of holes in the same opera-
tion as forming the shape of the part. A typical diameter of tubular blanks was 30-0 mm.
The electrode system employed in studies reviewed in [9] was based upon wire bridges,
which had to be replaced after each high-voltage discharge. The dies were designed consist-
ing of two halves based upon the clam shell approach. Implementation of EHF allowed a
reduction in the number of manufacturing steps and eliminated the need to subdivide one
part into several independently stamped and further joined smaller parts. The production
cycle for the EHF processes described in [9] was reported as several minutes. Fedder-
sen [10] illustrated a number of applications of tube expansion by EHF including one case
where a window was pierced in the tubular component.

Callender [7] also described experiments on EHF of a conical shape welded blank into
an ogival shape. Schrom [11] demonstrated a laboratory EHF process for bulging sheet
metals and expanding thin cylindrical shells indicating that Aluminum foil of 12.7 mm
width can substantially increase the efficiency of the process compared to other bridge
materials and no-bridge tooling configuration. The attempt to study the efficiency of
energy transfer in EHF was made by Duncan and Johnson [12] for both sheet forming
and tube forming. Duncan and Johnson [12] demonstrated forming of a dish with a lot of
fine features which certainly increased the complexity of the EHF operation compared to
previous cases.

Bruno [5] illustrated several examples of duct parts from special alloys for aerospace
applications: various shapes were formed by electric discharges inside cylindrical shells.
This type of part is difficult to make by other methods. Similarly, Davies, and Austin [6]
illustrated an application of the EHF process for the piercing and flanging of holes in the

160



J. Manuf. Mater. Process. 2021, 5, 47

tubular thin walled extrusion made of pure aluminum. However, very limited details
of the studied EHF process were disclosed. Most of the applications belonged to the
defense industry which limited publishing of technical details. More importantly, the
methodologies of formability analysis were in their infancy: the initial ideas on Forming
Limit Diagram development were published several years later for biaxial stretching by
Keeler [13] and for stretching–compression by Goodwin [14].

During the last twenty-five years, a number of experimental studies illustrated that the
very significant improvement in sheet metal formability can be attributed to high strain rate,
low friction, and the coining effect. This effect is based upon through thickness compression
during high velocity impact between the blank and the die surface. In [15] a significant
improvement of formability was observed for AA6061-T4. Imbert et al. reported visible
improvement in formability for two aluminum alloys: 6111-T4 and 5754 [16]. Authors [17]
reported formability improvements for AA5182. Dariani et al. [18] indicated an extension
of formability for 1045 steel and 6061-T6 aluminum alloy. Golovashchenko et al. [19]
quantified formability improvements for four dual phase steels: DP500, DP590, DP780,
and DP980. Analysis of microstructure and porosity development in quasistatic and EHF
processes [20] indicated that both high velocity impact and high strain rate create favorable
conditions for DP780 and DP500. Jenab et al. [21] arrived to similar conclusions for AA5182.
In addition, calibration of the formed part is provided in the same tool, minimizing
springback. In a traditional stamping process, either a restrike die would be needed to
minimize springback, adjustment of the die surface to compensate for springback, or
additional stretching of the blank using a lockbead at the very end of the forming process
to minimize springback.

Even though explosive forming processes provide nearly unlimited capabilities from
the perspective of achievable pressure and impact speeds, the safety implications often limit
its application for industrial processes. A review of more recent results on EF processes
was published by Mynors and Zhang [22].

The intention to achieve similar benefits without safety issues motivated studies of
EHF and EMF forming technologies. Psyk et al. [23] performed a very detailed analysis on
various aspects of EMF processes. These aspects included coil designs, details on forming
and joining processes, and recently developed numerical and analytical models. The major
limitation of EMF technology is in a significant reduction in forming pressure applied to
the sheet when it moves further away from the inductor generating electromagnetic field as
well as in the requirement of good electrical conductivity for the material of the blank and
for the material of the coil. A typical EMF coil includes insulation material which, in most
cases, limits the structural strength of the coil. A reduction in pulsed pressure as a result
of the blank getting further away from the coil limits the application of EMF processes
to either rather shallow shapes or the shapes where the final forming is possible without
backing pressure.

Recent studies on EHF mostly concentrate on the improved formability demonstrated
in free bulging, for example by Maris et al. [24] and the forming of a sheet into very simple
shapes such as conical or V-shape, for example, by Cheng et al. [25]. The general trend is
that substantial improvement can be achieved for the forming of Aluminum alloys, dual
phase steels and a variety of other materials.

Based upon experimental study performed by Golovashchenko et al. [26], EHF technol-
ogy has the strongest potential among pulsed forming processes to be applied to forming
deep cavities with sharp corners and shapes that are more complex. Authors [26] demon-
strated that a sheet metal blank can be formed by sequential discharges of several pairs of
electrodes with no specific requirement to the parameters of grain structure (as for SPF),
or high electrical conductivity (as in EMF processes). Employment of several pairs of
electrodes enables the pressure distribution applied to the sheet metal blank to be tailored
in a broad range: several discharges generated by multiple electrodes may create a more
favorable mechanism of sheet metal flow into the cavity of the die.
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Another opportunity for formability improvement was discussed in [26] where the
blank was preformed into a shape which utilized formability of the adjacent portions of the
blank to fill the corners of the die shape. Authors [27] demonstrated that EHF has a better
capability to form sharp corners than quasistatic hydroforming described in [28] and also
requires a lower clamping force employing the inertia of the tool and the clamping press,
which requires a much smaller capital investment. A reconfigurable EHF tool comprising
of several small size chambers can be assembled together for the forming of various shapes,
as suggested by Golovashchenko [29]. The downside of the EHF process is in the necessity
to evacuate and refill at least some portion of the EHF chamber with water for every
formed part.

A very important advancement which started changing the sheet metal forming in-
dustry in the late 1980s was the developing capability to simulate sheet metal forming
processes. The explicit integration procedures initially developed for simulation of ex-
plosions in defense applications very naturally fit into high velocity forming processes.
The models considering EHF process as dynamic hydroforming with uniformly applied
pressure were developed in the late 1980s, for example by Vagin et al. [30]. The dynamics
of pressure distribution in the EHF chamber were studied in [30] experimentally by: (a) in-
serting piezo sensors capable of surviving such a high level of dynamic pressure in the
chamber and (b) by using a membrane method as proposed by Cole [31] accounting for the
pressure level on the surface of the membrane by the local displacement of the membrane
in a small diameter hole. Knyazev and Zhovnovatuk [32] performed similar measurements
for a multi-electrode chamber. Such experimental measurements provided the justification
for applying the dynamic pressure to the surface of the blank.

Melander et al. [33] analyzed formation of a conical shape and also free bulging of the
blank into an open die cavity. Simplifying assumptions regarding pressure distribution in
the chamber and percentage of reflection of pressure from the walls of the chamber were
employed. Rohatgi et al. [17] approximated the pressure distribution on the surface of the
round blank with a linear function along the radius of the blank assuming the exponential
decay of pressure as a function of time. Hassannejadasl et al. [34] assumed hydrodynamic
pressure in the model as an acceleration of fluid particles on a spherical surface inside the
chamber. The model was calibrated using the experimental data on free bulging of the
blank. The time function for the acceleration was selected as a half of a sinusoid. In this case,
the pressure on the sheet metal blank was not considered a uniform or constant distribution:
it was calculated from the hydrodynamic analysis. The simplifying assumption regarding
the spherical impact as a method of energy deposition worked well for the analysis of sheet
metal forming into a conical die. However, in order to design an EHF chamber of a more
complex shape, more realistic energy deposition accounting for the shape of the chamber
is needed.

Vohnout et al. [35] analyzed pressure heterogeneity in a cylindrical EHF chamber by
using a membrane penetration method. The numerical simulation was performed using
CTH code simulating explosions. The equivalence between the explosion and EHF pro-
cesses was not very clearly established; however, the dynamic pressure distribution could
be similar with the exception that EHF provides substantially slower energy deposition
compared to a chemical explosion. Based on the performed analysis, it was concluded
that pressure distribution is very sensitive to changes in the location of the energy source
(explosion in the case of the performed theoretical analysis).

Mamutov et al. [36] described a more general algorithm based upon LS-DYNA com-
mercial code capable of predicting pressure wave formation as a result of a high voltage
discharge in a water filled chamber. This algorithm is capable of analyzing the blank
formation for a general configuration of the electrode system. The drawback of this ap-
proach is that, at current computational capabilities, many hours of computations on a
multiprocessor supercomputer are required to predict multi discharge formation of the
blank. However, without pre-existing chamber design, these calculations might show that
(a) a different configuration of the EHF chamber is needed, (b) the blank has insufficient

162



J. Manuf. Mater. Process. 2021, 5, 47

formability to fill the required shape, and (c) the available equipment cannot provide a
sufficient discharge current. If any of these situations occur, there may be a need to run
multiple other configurations of the EHF chamber and sheet metal forming process. In
this study, a simplified approach is proposed which is expected to assist in a much faster
design of the EHF chamber configuration capable of forming the desired shape from the
targeted sheet material.

Woo et al. [37] studied formation of pressure pulses in the EHF chamber by employing
an ALE numerical approach in LS-DYNA, illustrating that this powerful approach enables
a detailed study of wave reflection and propagation in EHF chamber. Woo et al. [38]
simulated the EHF free forming process into an open round window and used the model
described in [37] to identify the material parameters of Aluminum sheet 6061-T6 which
would have the best correlation with experimental data in free forming conditions.

Jenab et al. [39] described a simplified methodology of EHF process analysis by
assuming that the EHF load is applied as a pressure pulse similar to an explosive load
known from the literature instead of taking into account the history of pressure wave
propagation through the EHF chamber. Authors [39] concentrated on studying the details
of AA5182 sheet forming into an open round window or into a conical die analyzing
different material models and neural algorithms accounting for material high rate behavior.

A tryout study was performed experimentally in [40] to demonstrate the overall
feasibility to form various sheets with EHF using a pulse generator assembled by re-
searchers from high voltage capacitors. This study confirmed that the EHF technology can
be employed as a very simple process for forming tryout.

Xiong et al. [41] developed a simplified engineering model predicting pulse pressure
parameters as a function of distance from the discharge location in an electrohydraulic
chamber and applied it to the analysis of impact cracking test conducted on cement samples.

As it can be seen in the presented literature review, the overall advantages of the EHF
processes is in extended material formability due to high strain rates, coining effects, and no
friction on one side of the die. However, an additional advantage of redistributing strains
in a formed blank based upon flexible loading in media forming processes compared to
traditional stamping in two-sided dies has not been explored in significant detail.

The idea of preforming the sheet in a traditional stamping die and then applying the
pulsed pressure to form the material into a sharp radius was discussed by Daehn et al. [42]
as electromagnetic forming of a door inner part where sheet metal blank was originally
preformed in two-sided dies, and then a restrike electromagnetic forming operation was
applied. An idea of preforming a sheet by gaining the metal in the pockets adjacent to
the areas of excessive strains was introduced by Golovashchenko et al. [43]. The initial
concept was to form the preform shape similarly to the final shape of the part with the
exception of the areas with sharp corners, which would be supplemented with donor
pockets minimizing stretching of sheet in these areas. The cost of such a preforming
die would be similar to the cost of the die with the final shape of the part. Overall, this
technology would require an incremental increase in the cost of the dies. In this paper a
further advancement of this concept in the direction of significantly simplifying the shape
and minimizing the cost of the preform die [44] will be discussed.

The objective of this paper is to introduce a simplified methodology of design for
EHF processes and to illustrate a low-cost preform concept for the case where extended
formability of EHF process is not sufficient to make the targeted shape. Therefore, the
proposed concept can be viewed as a further step to enable usage of higher strength, lighter
and less formable materials in the automotive industry.

2. Proposed Method of Developing EHF Processes

This paper represents an attempt to formulate the necessary and optional steps to
develop the EHF prototype process for a new application where benefits of this pulsed
forming technology can be substantial either due to a simpler tooling design, due to
the capability of the EHF method produce more deformation from a deformed sheet
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without fracture, or take advantage of the soft application of the forming load compared to
stamping in traditional rigid dies. The authors admit that the proposed method is still in
an early phase of development and will further mature with broader implementation of
EHF processes in production.

There are following important questions which need to be answered at the develop-
ment stage of the prototype EHF process:

(a) whether the part can be formed using the EHF process from the sheet material
proposed by the product designer;

(b) if the sheet material candidate does not provide sufficient formability even with extra
formability offered by EHF, decide whether the preforming process lowering the
maximum strains can help to fill the shape without fracture;

(c) whether the available pulsed equipment and the EHF chamber provide a sufficient
amount of pulsed pressure to fill all the details of the formed shape;

(d) if a new EHF chamber is being developed, decide where the electrodes should be
positioned to achieve required pressures in the most difficult to form areas of the part,
which are typically in the areas of sharper corners at the bottom of the formed cavity.

Numerical simulation or experimental tryout can be selected to execute these steps,
and the specific actions strongly depend on accumulated experience and necessary efforts to
successfully achieve the goal taking into account the existing experience in EHF technology
at a particular organization, the timeline and available resources. An important point of
this paper is the selection of quick and efficient simplified approaches not requiring lengthy
development and very significant computational efforts. The following sequence of steps
addresses the questions listed above.

1. Identify the areas of the part that are the most difficult to fill and require the largest
pressure. A simplified numerical approach assuming a uniform pressure forming
load in quasi static formulation is capable to achieve this goal. The areas of the cavity
which are filled last require the largest pressure. Usually it occurs at the sharp corners
located at the bottom of the die cavity. The deformation of the blank in these areas
is usually the largest, since the rest of the cavity is already filled, and filling of the
corners is achieved by local stretching of the material. The locations of these difficult
to fill cavities will indicate where to place the electrodes and, potentially, how many
electrodes are needed. This step can use various commercial software suitable for
media forming processes. Based on these simulation results and available data on
sheet metal formability in EHF processes reviewed in the Introduction, it is possible to
define whether the part can be formed using the EHF process without any preforming.

2. Develop the preforming process to enable the redistribution of the peak strains in a
formed part. This step is optional and is needed only in case when direct application
of EHF will not be enough to manufacture the part without fracture. It can be also
applied for further weight reduction of the component and using higher strength and
less formable material. The concept of this step will be explained later in this chapter.

3. Analyzing the pressure distribution in the chamber and configuring the chamber
design and the electrode system to provide sufficient pressure to fill the most difficult
areas. This step is optional and can be very useful if it is anticipated to build a
new chamber, or if the available energy is not sufficient for the initial tryout. This
step would be beneficial to further improve the process, lower the discharge energy
and extend the life of the electrodes. However, for the initial tryout or low volume
production, using an existing chamber might be more economical. This analysis can
be done based on the Lagrangian model described by Mamutov et al. [36] where only
a hydrodynamic model is used without accounting for blank deformation. However,
if this technology is not available, it is possible to use simplified methods for relative
comparison estimating pressure based upon the distance from the discharge channel.
This approach was employed in early publications analyzing pressure distribution
during an explosion in water or early EHF analysis reviewed by Mamutov et al. [36].
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4. Validate the developed process and chamber design using the full methodology for
EHF analysis, accounting for pressure pulse propagation through the water filled
chamber. This step is certainly optional but can be very helpful if this technology is
readily available to the user. LS-DYNA software has all the necessary capabilities
to perform this step. The details of such a detailed simulation are described in
Mamutov et al. [36]. However, it is very computationally intensive and requires
lengthy simulation on a supercomputer.

The step 2 described above is a unique step not previously described in the technical
literature on EHF. In this case, a solution to the split issue was to introduce a preforming
operation in which the material is bulged in the areas of low strain to provide additional
metal to the areas of high strain, as suggested by Golovashchenko [43]. The overall concept
of preforming of gaining pockets is known in literature, typically in the area of stretch
flanging [44]. In this case, the preforming pockets are attempting to increase the length of
the trim line before the trimming operation while stretch flanging occurs after trimming;
therefore, minimizing the amount of stretching along sheared edges.

For corner filling processes, defining the geometry of the preforming pockets is much
more challenging because the pocket needs to provide sufficient, but not extra, material to
spread along the surface rather than along the trim line. The overall idea is based upon a
non-uniform distribution of strains in the parts with local features. Sharp corners are the
areas of high concentration of strains while the rest of the blank has significantly smaller
strains. Designing the process in which the strains are spread through larger areas and
the peak strains are significantly reduced is the major step towards achieving this goal.
The problem is how to identify the location and the shape of the preforming pocket. The
following steps were made to achieve this goal:

2.1. The forming process was simulated based upon uniformly distributed pressure,
as described in step 1 of the overall methodology. From this model, the principal
strain tensor components from the mid-surface of the sheet were extracted from each
element and assigned to the corresponding elements of the initial sheet metal blank
with an opposite sign meaning that stretching is replaced by compression as shown
in Figure 1a,b.

2.2. The initial sheet metal blank with the same Lagrangian mesh as at the beginning of
the forming process in step 2.1 was positioned between two flat rigid plates as shown
in Figure 1c. One of the plates had windows in which the strained sheet could bulge
out. These windows were positioned above the elements which were insufficiently
stretched in the initial forming process and could tolerate more deformation safely.
Selection of the size and position of the windows was defined by the iterations, but
the model was providing the depth of bulging in each selected window opening.

2.3. The deformation process of sheet metal bulging into specified windows (as shown in
Figure 1d) was simulated in an elastic membrane formulation previously described
by Golovashchenko et al. [26]. This process was simulated in explicit formulation
with linear viscosity, so the bulging stopped after few cycles of vibration. The shape
of the bulged blank was then considered to be the die surface for the preforming
operation. The elastic formulation of this model allowed to have a proper amount of
material bulged into the windows. The yield stress was considered nonexistent for
this step of the analysis.

2.4. The preforming process of the defined pockets was simulated in elastoplastic formu-
lation applying uniform pressure to bulge the flat sheet into the shape defined in
step 2.3. The blank was then moved to the die, identical to step 2.1, and the forming
process continued. As a result, the maximum strains are expected to be lowered
approximately by half.

The software used for simulation in steps 1, 3, and 4 in this Chapter was LS-DYNA
971 DP.
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Figure 1. Schematic illustrating the steps of building a preforming shape: (a)—simulation of forming under uniform
pressure, (b)—applying the obtained opposite sign field of strains to the initial flat blank, (c)—placing the prestressed blank
within the restraining shape, (d)—identifying the preforming geometry by simulating the bulging process.

3. Case 1: Decklid Panel

3.1. Materials and Methods

The decklid panel is shown in Figure 2. The material used for this panel was an
AA6111-T4 0.93 mm thick sheet.

Figure 2. Design of the part formed by EHF.

The panel is formed using the EHF process. The perimeter of the part was initially
locked by the lockbead during the binder closure. Therefore, no material inflow from
outside the chamber occurred during the EHF process.

A full-scale simulation of the EHF process is a very computationally expensive tool.
The most complicated and CPU-consuming part of such a model is simulating the expand-
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ing plasma bubble and simulating a water stream that moves the deformable metal sheet.
Therefore, the major factor in time-saving will be eliminating one or more of these objects
from consideration.

A feasibility study for the part would include the following tasks:

1. Identify the areas of the part that are most difficult to fill and require the largest pressure.
Since the goal of the study is to develop a simplified, less computationally intensive
approach, the simulation is performed assuming uniform pressure distribution. This
approach allows to eliminate plasma and water from the model, which, combined,
account for over 90% of the computational time. The resulting simplified model
does not account for effects related to water–blank interaction, but the required
result mostly depends on the blank–die interaction, so the simplification is justifiable
and can be further refined during the final simulation step, where a more accurate
model [36] can be employed.

The areas of the cavity which are filled last require the largest pressure. Usually it
occurs at the sharp corners located at the bottom of the die cavity. The deformation of the
blank in these areas is usually the largest, since the rest of the cavity is already filled, and
filling of the corners is achieved by local stretching of the material. The locations of these
difficult to fill cavities will indicate where to place the electrodes and, potentially, how
many electrodes are needed.

2. Analyzing the pressure distribution in the chamber and configuring the chamber design and
the electrode system to provide sufficient pressure to fill the most difficult areas. This analysis
can be done based on the Lagrangian model described by Mamutov et al. [36] where
only a hydrodynamic model is used without accounting for blank deformation. It
should be admitted that the duration of the process at the final discharge where almost
all the cavity is filled is much shorter compared to the initial forming step where large
deflections of the blank take place. It also allows the usage of Lagrangian approach vs
the more computationally expensive Arbitrary Lagrangian–Eulerian (ALE) approach.

This simplified model allows for virtual movement of the electrodes at the simulation
stage and modification of the shape of the chamber to provide sufficient pressure to fill the
sharp corners in all necessary areas of the part.

3. Conduct a formability study based on numerical or experimental verification of the decisions
made in the previous two steps. During this step, the available data on pulse forming
formability should be reviewed as well as expected loads on the die and on the
electrode system.

4. Perform the analysis to clarify whether a preforming step enabling the redistribution of the
peak strains in a formed part is needed.

The simulation software used for all other numerical models was LS-DYNA 971 DP.

3.2. Results and Discussion

The strain distribution in the formed panel at the end of the simplified uniform
pressure analysis is shown in Figure 3. The symmetry along the cross-section A-A was
taken into account, so only the half of the panel was simulated. The results of numerical
simulation indicated that the styling lines with sharper radii do not represent a problem,
since the material can be pulled from the adjacent areas of the blank. The area of deep
drawing and sharp corners shown in red and yellow in Figure 3 represent a problem from
both the required pressure and formability perspectives. Similar results were received from
a more detailed numerical model [36] where all the details of pulsed pressure propagation
through the water filled chamber as well as dynamic deformation of the blank were
taken into account: the corners shown in red were filled last and required higher voltage
discharges to be completed. The quantitative comparison of simulation results using
the simplified approach and the model [36] in the area of maximum strains in Figure 3
indicated that the simplified approach gives slightly higher strains in the area of corners:
0.25 major principal strain vs. 0.22 in the simulation using method [36]. It should be
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admitted, however, that in [36], the ALE Method was employed while in this study, the
traditional Lagrangian mesh was used. It should be indicated that in both numerical
models, friction was accounted for based upon Coulomb’s friction law using a constant
coefficient of friction. In real forming conditions, the coefficient of friction may vary
significantly depending on contact pressure and the possibility to squeeze the lubricant
from the contact between the sheet and the die. This factor alone might lead to more
significant uncertainty in major strains than the difference between the results obtained by
both methods.

Figure 3. Results of quasistatic numerical simulation of forming a sheet metal blank with uniformly
distributed pressure.

One of the major drawbacks of using the full-scale simulation approach described
in [36] is significant hardware and CPU-time demand. This issue exists on multiple lev-
els. First of all, the approach [36] requires simulation of the discharge channel, pressure
transmitting water, and the sheet being deformed in contact with the die. The compu-
tational effort to simulate pressure propagation through the fluid takes over 90% of the
computational time.

Second, the contact between the water and the sheet metal requires correlation between
the element sizes of water and blank meshes: the Fluid Structure Interaction algorithm
in LS-DYNA dictates that they must be about the same size. This leads to a cubic-power
growth of the number of fluid elements with the refinement of sheet metal elements. As a
result, even when using powerful cluster computers, the user has to select element size
based not on the desired mesh size, but based on the available hardware resources.

Third, a typical EHF process is a multidischarge process, which means that three to
four such simulations must be performed correlating to the actual number of performed
EHF discharges in order to simulate a full forming process of a panel. One additional
complication related to this is the need to prepare the models and transfer simulation data
while simulating sequential discharges.

Comparison of required computations could be done based upon the following ex-
ample: to simulate the EHF process in [36], 8–10 h of computation on a powerful cluster
machine with 32 processors was required for each discharge. It required multiple days of
simulation with just a small improvement in mesh quality.

Even though the growth of CPU power and available memory as well as software
development will make the full scale approach eventually available for an engineer working
on the design of sheet metal forming processes, it is still difficult to use the approach [36]
outside of research facilities. Alternatively, using the simplified approach presented in this
paper only requires a desktop PC and much shorter simulation time of under one hour,
which opens the possibility to analyze multiple configurations of the EHF forming process
and make practical design decisions.

168



J. Manuf. Mater. Process. 2021, 5, 47

Figure 4 shows the blank formed by quasistatic hydroforming with 2.1 MPa pressure of
the fluid. The clamping force was provided by a 100 ton hydraulic Dake Dura press. It can
be seen that the overall cavity is filled except the corners. This simplified analysis indicated
that approximately 30 MPa of pressure is needed to fill the sharp corners. Taking into
account the full area of the panel where the quasistatic pressure is applied, the maximum
affordable pressure for a 100-ton clamping force is approximately 3 MPa. To form this
panel quasistatically, a factor-of-10 larger clamping press would be needed. The next step is
to design a chamber which can deliver this level of pulsed pressure using available energy
from an existing pulse generator.

Figure 4. Aluminum 6111-T4 panel formed by quasistatic hydroforming using 2.1 MPa of pressure.

An example of such analysis for the part shown in Figure 2 is illustrated in Figure 5.
Due to the limitations of the Lagrangian approach used in this simulation, the shape of the
chamber is slightly simplified, and the shape of the electrodes is not taken into account.
Since the volume of the electrodes is significantly smaller than the overall volume of the
chamber, the introduced numerical error is negligible.

Figure 5. Distribution of pressure in the EHF chamber along the cross-section A-A for the last discharge when the die cavity
is completely filled with the blank.
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Based on this analysis, it was concluded that a single electrode chamber design is
capable of providing the required pressure. The next step is to optimize the position of the
electrodes and the size of the chamber using a purely hydrodynamic model. By minimizing
the volume of the chamber, higher pressure can be accomplished from a very simple and
approximate consideration that the energy of water compression can be understood as an
integral of pressure by volume: a smaller volume of the chamber with the same level of
discharged energy will result in a higher average pressure in the chamber.

At the initial stage of formulating the chamber design, the general considerations that
the propagation of a shock wave initially has spherical symmetry, as it was admitted in
early publications on the hydrodynamic analysis of explosions, for example by Cole [31],
until the wave contacts the walls of the chamber, and reflections from the walls start
influencing the pressure distribution. Therefore, positioning the electrodes closer to the
most difficult to form locations might help to improve the efficiency of the chamber by
utilizing the energy of the initial shock wave as well as minimizing the overall volume of
the chamber. However, one important limitation needs to be taken into consideration: the
initial position of the sheet metal blank in the chamber should be at a distance sufficient
enough to avoid arcing on the blank. For the prototype conditions, in addition to just
increasing the distance from the electrodes to the sheet metal blank, the conductive wire
can be placed between the electrodes for the first discharge.

Alternatively, a moveable electrode head proposed by Golovashchenko [29] can be
used to keep the volume of the chamber small and have a capability to adjust the distance
between the discharge channel and the blank at each following discharge. The resulting
die and the chamber design for making the part is shown in Figure 6a,b.

Figure 6. Design of the die-chamber tool set (a), and experimental chamber (b).

The next step in the proposed algorithm is formability analysis. Making a decision
based upon a traditional Forming Limit Diagram (FLD) and simulation results is safe
but might be too conservative. As indicated in Figure 3, the major strain in the corner
filling operation was 0.25 with approximately the same level of minor strain. Based
upon formability studies performed by Graf and Hosford [45] and Chow et al. [46], the
equibiaxial stretching of this level is marginal to fracture.
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However, EHF brings visible improvement in formability due to high strain rate and
coining effects, especially for corner filling operations, as it was discussed in multiple
publications quantifying formability in pulsed forming. The existing data on formability
improvement should be taken with caution, especially when applied to parts of complex ge-
ometry when multiple discharges are necessary for successful filling of the die cavity. Based
upon studies of formability for AA6111-T4 and AA5754 by Imbert et al. [16], AA5182 by Ro-
hatghi et al. [17], and steels DP500, DP600, DP780, and DP980 by Golovashchenko et al. [19],
a relative formability improvement of 50% is achievable. A higher percentage of improve-
ment could be achieved with higher energies and higher forming velocities in exchange for
a risk of damaging the die, especially if a low cost die material were used for prototype
applications. The experimental results published by Golovashchenko et al. [47] indicated
that this panel is safe to form with EHF. Therefore, no preforming step was necessary.

The tryout experiments for the part illustrated in Figure 2 were performed successfully
employing an EHF chamber with 11 liters of volume. The air from the described chamber
between the blank and the water as well as from the area between the sheet and the surface
of the die was removed before starting the EHF process. In order to minimize impact
loading on the surface of the die and extend the life of the electrodes, the EHF forming
process was done in three discharges of 8 kV, 9 kV, and 13 kV using a Magnepress pulse
generator which had 200 μF capacitance and 200 nH internal inductance. The process
started from closing the binder followed by air evacuation from the chamber and from
the die. The next step was EHF forming itself, which included three discharges. In order
to estimate forming results without opening the die, the amount of water added to the
chamber was measured experimentally. After the last discharge, the amount of added
water was approximately 20 mL to compensate for the displacement of the blank towards
the die cavity. This indicated that the process was successfully completed. At the tryout
stage, an extra discharge of 13 kV was performed with nearly no water added to the
chamber. The formed parts from AA6111-T4 material of 0.93 mm thickness are shown in
Figure 7. For this application, no preforming step is needed.

Figure 7. EHF formed prototype part from Aluminum Alloy 6111-T4.

4. Case 2: Complex Automotive Panel

4.1. Materials and Methods

In order to demonstrate another possible scenario to form a prototype part, a part
with deep local cavities but relatively dull radii is illustrated in Figure 8.

The die and the chamber design for making the part is shown in Figure 9a,b.
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Figure 8. Design of the part for the prototype process.

Figure 9. Die and chamber design (a), and fabricated die and chamber (b).

This part has multiple channels and a deep cavity with curvatures of the flange in
two directions. This part was formed as a prototype in 40% scale: every dimension was
reduced by a factor of 2.5. The in-plane dimensions of the EHF formed part were 521 mm
(instead of 1302) × 448 mm (instead of 1012 mm), and the maximum depth of the cavity
was 126 mm (instead of 315 mm). The sheet material used for this prototype process was
0.55 mm DP500 steel. The experimental results on sheet metal behavior at high strain
rates for numerical simulation were taken from the study by Baumer et al. [48], and the
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experimental results on formability of DP500 were used from the experimental work by
Golovashchenko et al. [19].

4.2. Results and Discussion

To reduce the simulation computational costs and speed-up the design process, the
simulation was performed using a simplified approach. Instead of using a costly full-scale
approach, which included simulating the discharge channel, water, and blank deforming
at high velocity, a simplified approach was used such that the blank was deformed by
uniform pressure. The result of such a simulation is shown in Figure 10.

Figure 10. Results of numerical simulation based upon the assumption of uniformly distributed
pressure. Maximum strain is 1.21.

Some material inflow was observed during the forming process which helped to
form the peripheral channels. The maximum strain in the simulation was observed in the
central elongated channel with a true strain of 1.21. In this case, the benefits of extended
formability would not be sufficient. A split in the blank was predicted in the form of a strain
localization in simulation results in Figure 10. This split was observed in experimental
tryout shown in Figure 11, which confirmed the original expectations. Please note that
even though the simulation was performed in simplified form, it was able to predict this
split and its location.

Figure 11. EHF formed part with splits in the areas of maximum strain.

In this case a solution to the split issue was to introduce the preforming operation in
which the material is bulged in the areas of low strain to provide additional metal inflow
to the areas of high strain, as suggested by Golovashchenko [43]. In order to define where
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these pockets should be, the principal strains of the mid-surface of the sheet obtained from
the initial numerical simulation were numerically imposed as the initial condition in the
initial mesh of the flat blank with opposite signs. In other words, since the strains of the
mid surface of the formed part were always tensile, they were imposed into the initial flat
blank as compressive strains, which led to compressive elastic stresses in the flat sheet
restrained between the two rigid plates.

At this stage the sheet was assumed to be purely elastic, similar to the approach
earlier suggested by Golovashchenko et al. [26]. The blank was fully clamped at the edges
between the two flat rigid plates. In order to identify the necessary pockets and their depth,
the cavities on the upper flat plate were open in specified areas of the flat blank, allowing
the material to bulge. These specified areas were selected in the groups of elements which
would experience low strain in the formed final shape, but being adjacent to the areas of the
flat blank which would experience high strain during forming of the targeted shape. These
boundary conditions permitted only in-plane displacement of the areas corresponding to
high strain and free flow into the open windows where the strain was low.

Driven by elastic compressive internal stresses, the sheet was bulged into these open
cavities. The depth of bulging was defined by the level of internal compressive stresses
assigned to each element of the mesh in accordance with the amount of strain the material
received during the forming step. Overall, this process had multiple iterations and multiple
bulged cavities were observed and analyzed.

At the next step, the initial flat blank was formed into the designed pockets in a
traditional elasto-plastic formulation which led to stretching in the areas of otherwise low
strain. This preformed blank then was virtually placed in a simplified model of the EHF
process where uniform pressure was applied to the preformed blank, and the deformation
process of EHF forming into the shape shown in Figure 9 was further continued. During
the forming of prebulged blanks, the material would flow from the preformed pockets to
the areas of higher strain lowering the maximum level of strain. The strain distribution
was analyzed from the perspective of peak strain. The best configuration, which had the
minimum peak strain, was selected for the experimental validation.

The most successful pockets configuration is shown in Figure 12. The pockets were
formed with flexform process using a one sided tool. They also could be formed through
an EHF process.

Figure 12. Preform shape.
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One can note that the maximum strain of 0.7 shown by the simplified simulation
approach is significantly less than in the configuration without preforming pockets, but
is still larger than that realistically achievable in a typical forming process. The purpose
of this simulation was not to achieve formable conditions in the simulation result but
rather to find the way to reduce the final strain. The ultimate feasibility in this case was
proven experimentally. As a result of introducing the preforming step, the part was formed
without splits using the same die and chamber design shown in Figure 9a,b. The successful
panel was formed using a Magnepress pulse generator with the following sequence of
nine discharges: 9 kV, 9 kV, 10 kV, 11 kV, 12 kV, 13 kV, 14 kV, 14.5 kV, and 14.5 kV. The last
discharge was to confirm that the blank is fully formed, and no more water is added to
the EHF chamber. Forming blanks with multiple discharges permits the forming of more
complex parts and avoid fracture due to reduced friction: when the blank moves in several
steps with unloading, the local areas of metal-to-metal contact typically leading to increases
in friction are getting separated. This effect needs more thorough study in future work.

The results of simulation using the same simplified approach are shown in Figure 13.

Figure 13. Simulation of two-step forming process: (a) preforming step, maximum strain is 0.213; (b) fully formed part,
maximum strain is 0.7.

This study validated another advantage of EHF technology: due to “soft” applications
of pressure, the blank can have pockets of material which enable redistribution of strain
in sheet metal by allowing an easier flow of material from the pockets to heavily strained
areas. By tracking the heavily strained elements and low strained elements, the areas of
high strain and low strain can be projected on the initial blank. In this case, the pockets
can be formed on the flat blank which make the preforming die simple and inexpensive. A
preforming step with a very shallow preform can be added to the process if a traditional
EHF approach does not provide sufficient formability to successfully form the part. A
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similar effect is difficult to achieve in a conventional die set, because the rigid upper die
tends to crush pockets before they can spread.

5. Conclusions

1. Based upon performed demonstrations, the electrohydraulic forming process is a vi-
able technology for prototype and low volume production of sheet metal components
formed from flat sheets.

2. A simplified simulation based on quasistatic forming of the blank under uniformly
distributed pressure helps to identify critical areas of the part. Such a simulation is
significantly less computationally-demanding than a full-scale model, yet is able to
provide information about potential splits and difficult to form areas. This simplified
approach helps to understand which areas of the die are filled last and require the
highest pressure, which enables designing the EHF chamber in a way that sufficient
pressure would be provided, to make decisions on electrodes configuration, and also
makes preforming analysis possible.

3. A simplified simulation based on a purely hydrodynamic model, which does not
include the blank, helps to analyze pressure distribution at the last discharge and
enables optimization of the chamber’s shape and volume.

4. Preforming sheet metal blanks in order to redistribute the strains involving areas of
low strain is a low cost additional process, which can help if insufficient formability
occurs in local areas of the formed blank.
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Abstract: In contrast to other cutting processes, adiabatic blanking typically features high blanking
velocities (>3 m/s), which can lead to the formation of adiabatic shear bands in the blanking surface.
The produced surfaces have excellent properties, such as high hardness, low roll-over, and low
roughness. However, details about the qualitative and quantitative influence of significant process
parameters on the quality of the blanked surface are still lacking. In the presented study, a variable
tool is used for a systematic investigation of different process parameters and their influences on the
blanked surface of a hardened 22MnB5 steel. Different relative clearances (1.67% to 16.67%), velocities
(7 to 12.5 m/s), and impact energies (250 J to 1000 J) were studied in detail. It is demonstrated that a
relative clearance of ≤6.67% and an impact velocity of ≥7 m/s lead to adiabatic shear band formation,
regardless of the impact energy. Further, an initiated shear band results in the formation of an S-
shaped surface. Unexpectedly, a low impact energy results in the highest geometric accuracy. The
influence of the clearance, the velocity, and the impact energy on the evolution of adiabatic shear
band formation is shown for the first time. The gained knowledge can enable a functionalization of
the blanked surfaces in the future.

Keywords: adiabatic blanking; adiabatic shear band; high velocity; clearance; blanked surface; stress
triaxiality; FE simulation

1. Introduction

The conservation of resources and the saving of energy-intensive process steps is a
constant challenge in the field of materials and production technology. Here, adiabatic
blanking offers high potential, because it has several technological and economic advan-
tages when compared to other cutting processes, such as laser cutting and conventional
or fine blanking [1,2]. The process is lubricant free with short cycle times, very small
web widths, and low component deformation [3]. Due to the high blanking speed, the
kinetic energy of the tool is strongly localized in the shear zone and therefore almost
completely converted into cutting energy. The resulting blanking surfaces feature excellent
properties, such as high hardness, low roll-over, and low roughness [4,5]. Due to these
properties, time-consuming mechanical reworking and subsequent hardening is avoided,
which significantly shortens the process chain.

The adiabatic blanking process typically features tool velocities of >3 m/s [6], local
strain rates of >102 s−1, and process times in the magnitude of a millisecond. These
conditions cause a local temperature increase in the shear zone, because the generated heat
cannot dissipate that quickly especially if the thermal conductivity of the material is only
moderate. As a consequence, quasi-adiabatic or, in simplified terms, adiabatic behavior is
forced. The local heating leads to thermal softening and a locally reduced strength followed
by an enhanced strain localization in these areas. This self-reinforcing process of thermal
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softening and strain localization leads to the formation of an adiabatic shear band (ASB) in
the shear zone [7,8].

The microstructure and properties of ASBs directly depend on the deformation and
strain rate [9] and the bands are classified into deformation and transformation shear
bands [10]. Deformation shear bands exhibit a pronounced strain localization without
phase transformation. They represent a precursor to transformation shear bands, which are
narrower than deformation shear bands and clearly separated from the surrounding mi-
crostructure [11]. The microstructure in transformation shear bands is nano-crystalline [12],
thus influencing the local material properties in the shear band. It appears as a bright band
when observed under an optical microscope, due to a higher chemical resistance to the
etchant [13]. According to Nesterenko et al. [14], this microstructural transformation is
caused by dynamic recrystallization under compressive or shear stress. High elastic energy
in the material (typically coupled to high strain hardening) leads to a much easier initiation
of the ASB [15,16] and furthermore to a blanked surface of higher quality. Therefore, the
technology is particularly suitable for high-strength and ultra-high-strength steels, such as
the manganese-boron press-hardening steels used primarily in automotive applications.

Schmitz et al. [4] identified dynamically recrystallized microstructures on a 20MnB5
and a C75S steel after adiabatic blanking and showed that the ASB has a significantly
higher hardness than the surrounding microstructure and a brittle character. This results in
material failure almost always occurring directly in the shear band [17,18]. The investiga-
tions by Schmitz et al. [4] demonstrated that adiabatic blanking can lead to the formation
of an S-shaped blanking surface, especially if materials with high rate sensitivities m
are regarded.

Due to the extreme stress and temperature conditions in the shear zone during adia-
batic blanking [19], the numerical prediction of the formation of the blanking surface is very
complex. Most approaches use the Johnson–Cook damage model [4,20], which considers
material specifications at very high strain rates and temperatures for sufficiently accu-
rate modeling. The required material data can be determined, e.g., via Split–Hopkinson
pressure bar tests for strain rates of up to 103 s−1 and temperatures of up to 1000 ◦C [21].
An alternative approach allowing strain rates of up to 104 s−1 uses a test setup with an
electromagnetically accelerated punch (up to 50 m/s) and subsequent inverse numeri-
cal simulation [22]. However, experimental tests with varying process parameters are
indispensable for validating the numerical simulation.

In summary, adiabatic blanking has high potential to influence the local microstructure
of the blanked surfaces and thus the blanked surface properties of ultra-high-strength steel
sheets in a target-oriented manner. The sophisticated exploitation of the adiabatic effect
can enable the blanking of sheet metal, which currently must be laser cut, resulting in
long process duration and high processing costs. However, for a target-oriented design of
the adiabatic blanking process, detailed knowledge about the qualitative and quantitative
influences of adjustable process parameters on the process and the resulting quality prop-
erties of the blanked part is necessary. It is well known that the initiation and propagation
of ASB requires a compressive or shear stress state or a combination of both [23] and
that in adiabatic blanking, the stress state in the shear zone can be varied by adjusting
the clearance. Furthermore, it is obvious that the tool speed and impact energy mainly
determine the strain rate during the process. However, there is still a lack of systematic
studies investigating the influence of these parameters on the resulting blanked surface.
Therefore, the presented study focuses on identifying and quantifying these correlations.
Thus, it contributes to understanding ASB formation specifically as a function of different
process parameters (clearance, impact energy, and impact velocity) on shear band initiation
and blanking surface geometry. The focus is on analyzing the qualitative and quantitative
influence of the process parameters on the properties of the produced blanked surface and
the utilization of this surface as a potential functional area.
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2. Materials and Methods

For the investigation, the press hardening steel 22MnB5 (chemical composition in
Table 1) in sheet form was used. The sheet thickness was 3 mm, and the width of the sheet
strips was 50 mm. The material was hardened to 430 ± 8 HV10. The heat treatment was
carried out under an active carbon gas atmosphere with a carbon content of 0.2%, so that
decarburization could be reduced to a minimum.

Table 1. Chemical composition of the used 22MnB5 steel in wt.-%.

in wt.-% C Mn Si Cr B (ppm) Fe

22MnB5 0.23 1.21 0.15 0.18 21.00 balance

The blanking tests were performed using an ADIAflex® adiabatic blanking machine
from MPM France (formerly ADIAPRESS). A 15-kg striking unit is accelerated to various
speeds via high-speed hydraulics. This allows for variation of the impact energy introduced
into the tool. The energy was varied from 250 J to 1000 J in 250-J steps. The principal
setup of the tool specially designed for the investigations and used in the experimental
tests is illustrated in Figure 1. The process starts when the striker unit (not depicted in
Figure 1) impacts the so-called pusher (mushroom-shaped, Toolox44 steel from SSAB,
m = 9.95 kg, shown in red in Figure 1). A powder metallurgical steel CPM Rex76 punch
(blue, Figure 1) with a diameter of 20 mm is screwed and therefore firmly integrated into
the pusher and stands directly on the sheet to be blanked. The maximum punch penetration
depth was 2 mm (defined in Figure 2). The die (light blue, Figure 1) is located under the
sheet. Different dies were used (Ø 20.1 to 21.0 mm) to vary the blanking clearance from
0.05 mm to 0.5 mm. The used dies and the resulting clearance (absolute value and relative
value, referring the clearance to the sheet thickness) are shown in Table 2. The blank holder
force was 100 kN. The displacement of the pusher was recorded during the process by an
LK-H157 Ultra High Speed High Precision Laser Displacement Sensor (brown, Figure 1)
from KEYENCE. The corresponding pusher velocity was calculated by differentiating the
measured displacement over time curve.

Figure 1. Setup of the tool used for adiabatic blanking. The force is applied to the pusher via a striker unit of the
ADIAflex® machine.
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Figure 2. Two-dimensional model for the numerical calculation of the stress triaxiality in the shear zone in LS-DYNA.
Additionally, the investigated area (blanked surface) for the optical microscopy is schematically shown.

Table 2. Investigated dies (sample designation) and the resulting blanking and relative clearances.

Ø Die in mm
(Sample Designation)

20.1 20.2 20.4 20.6 20.8 21.0

blanking clearance in mm 0.05 0.10 0.20 0.30 0.40 0.50
relative clearance in% 1.67 3.34 6.67 10.00 13.34 16.67

In addition to the tests with the described steel pusher, further experiments were
carried out using a pusher made of the aluminum alloy EN AW-7075 with identical di-
mensions and a mass of m = 3.44 kg. This allowed for investigating the influence of a tool
velocity increase in the system, with identical impact energy of the striker unit. Due to
the lower mass and constant impact energy, the velocity must increase during blanking
according to the conservation of momentum. This effect was investigated on an exemplary
relative clearance of 10% (die Ø 20.6 mm). After the blanking tests with different parameter
sets, the blanked surfaces of the sheets were examined and evaluated by optical microscopy.
The used optical microscope was the BX53 from Olympus.

According to [9,23], the local stress state in the shear zone is important for the forma-
tion of adiabatic shear bands and significantly influences the blanked surface topography.
Higher local compressive stresses inhibit cracking and enable the material to plastically
flow for a longer period of time. In order to determine the influence of the clearance on the
stress triaxiality, numerical simulations of the adiabatic blanking process were performed.
The finite element simulation was carried out with the explicit solver of LS-DYNA (DY-
NAmore GmbH). The 2-D axisymmetric model illustrated in Figure 2 was used. The punch,
blank holder, and die were modelled as rigid bodies, while the sheet was considered to be
deformable. The punch velocity was assumed to be 10 m/s, and the blank holder force
and the coefficient of friction were set to 10 kN and μ = 0.15, respectively. The mesh size
was 0.01 mm in the shear zone. The damage in the shear zone was calculated using the
Johnson–Cook model Equation (1). The required material constants A, B, C, n, k, the heat
conductivity λ (at room temperature), and the strain rate sensitivity m were taken from
Schmitz et al. [4] and are listed in Table 3. The other parameters in the Johnson–Cook
model are the effective plastic strain ε, the effective strain rate

.
ε, the reference strain rate

.
ε0,

the room temperature Troom, and the melting point Tmelt. The stress triaxiality in the shear
zone (Figure 2, red marking) was investigated for two exemplary blanking clearances (Ø
20.2 and 20.6) and different punch penetration depths:

σ = [A + Bεn]·
(

1 + C·ln
( .

ε
.
ε0

))
·
(

1 −
(

T − Troom

Tmelt − Troom

)k
)

(1)
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Table 3. Parameters used for the Johnson–Cook model from Schmitz et al. [4].

A in MPa B in MPa C n k m λ in W/(mK)

1380 502 0.0011 0.15 0.41 0.0040 48.7

3. Results and Discussions

3.1. Influence of the Clearance on the Adiabatic Shear Band Initiation and the Blanked
Surface Geometry

Figure 3 illustrates the influence of the blanking clearance on the microstructure of the
blanked surface by comparing micrographs of the specimens, which were adiabatically
blanked using an impact energy of 1000 J and varying the die diameters of 20.1 mm to
20.6 mm, which corresponds to a variation of the relative clearance between 1.67% and 10%
(see Table 2). For larger clearances, no adiabatic shear bands were detected and therefore
the corresponding specimens are not shown.

 

Figure 3. Blanked surface of the sheet for 1000 J impact energy and a relative clearance of (a) 1.67%, (b) 3.34 %, (c) 6.67%
and (d) 10.00%. With decreasing blanking clearance, the adiabatic shear band (ASB) becomes longer and wider.

The bright lines on the surface indicate the typical nano-crystalline microstructure
of a transformation shear band as explained in Section 1. It is obvious that the smallest
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blanking clearance resulted in the longest and widest adiabatic shear band (Figure 3a) and
that the length and width of the ASB decreases continuously with increasing clearance
(Figure 3b–d). It should be noted that the ASB, which was actually formed in the experi-
mental process, was cut lengthwise in the area of most significant thermal softening, i.e.,
in the middle of the shear band and the blanked surfaces of both the blanked part and
punched sheet feature identical halves of the ASB. Thus, the actual with of the ASB is twice
as high as the values given in Figure 3, i.e., 32 μm in case of the smallest blanking clearance.

The microstructure near the shear band is almost undeformed in all cases. This is
a well-known effect [24] and an advantage of adiabatic blanking. Due to the high local
energy input, very limited thermal deformation occurs. The deformation is concentrated
directly in the shear zone and thus the deformation in the surrounding microstructure is
minimal. Another effect of adiabatic blanking is the change in the shape of the blanked
surface. Specimen 20.6 still exhibits a classic fracture surface with minimal clean-cut.
In contrast, specimen 20.1, 20.2, and 20.4 show an S-shaped blanked surface without
commonly observed roll-over and burr. This phenomenon in correlation with the formation
of ASBs was also observed in [4] and explained by the influence of the strain rate sensitivity
m of the different investigated materials. However, Figure 3 clearly shows the direct relation
of the initiation of the ASB to the resulting blanked surface. The larger the ASB, the more
pronounced the formation of an S-shaped blanked edge. Consequently, the initiation of an
ASB causes a significant change in the blanked surface.

The micrographs shown in Figure 3 also suggest that the shear band formation is
initiated in the center of the respective fracture surfaces. This effect becomes evident, when
the blanked surfaces from the largest clearance (10%, sample 20.6, Figure 3d) to the smallest
clearance (1.67%, sample 20.1, Figure 3a) are compared. The barely detectable ASB in
specimen 20.6 is nearly centered in the blanked surface. If the clearance is reduced further,
the ASBs become longer and spread further to the outer edge of the blanked surface. In
sample 20.1, the ASB extends almost to the outer edge. Presumably, this effect is a result
of the predominantly compressive stresses in the middle region of the shear zone. This
is particularly evident in Figure 5a–c, where the stress triaxiality at a relative clearance
of 3.34% is depicted and discussed in detail. The outer regions are more dominated by
shear stresses, while compressive stresses are more dominant in the center of the blanking
surface. According to [14,23], compressive stresses significantly favor shear band formation
and are considered as a reason for shear band initiation in the center, while shear stresses
are more likely to promote failure.

Figure 4 summarizes the results of the experimental tests concerning the ASB for-
mation in dependence of the clearance and the impact energy. Lower impact energies
do not promote the formation of an ASB in the tests with a relative clearance of 10% or
more. However, at lower clearances (sample 20.1–20.4), ASB formation already occurs
at relatively low impact energies of 250 J. In general, the length and width of the ASB
increases with increasing energy. Consequently, the longest ASB can be observed on the
specimen produced with the smallest blanking clearance (1.67%) and the highest impact
energy (1000 J). In summary, reducing the blanking clearance and increasing the impact
energy raise the length and width of the ASB. Thus, blanking clearance and impact energy
are dominant factors influencing the formation of the ASB.

To achieve a deeper understanding of the influence of the blanking clearance on
the shear band formation, numerical simulations were performed to determine stress
triaxiality in the shear zone. According to [14,25], an adiabatic shear band can only
evolve under a dominant compressive or shear stress condition. Dynamic recrystallization
and the transformation of the initial microstructure to a nanocrystalline structure can
only occur under compressive or shear stresses [14]. Contrary, tensile stresses promote
crack initiation and consequently failure of the material, thus preventing transformation
of the microstructure. Figure 5 shows the stress triaxiality for two exemplary relative
clearances (3.34% and 10%) as a function of the punch penetration depth. Even at a low
penetration depth, the smaller clearance (Figure 5a) leads to a significantly higher and
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more concentrated proportion of compressive stresses in the shear zone than the higher
clearance (Figure 5e), which consequently promotes shear band formation.

 

Figure 4. Process windows of the blanking tests performed with varying clearance and impact
energies and their influence on the formation of an ASB.

 

Figure 5. Results of the finite element simulation of the stress triaxiality in the shear zone with two blanking clearances
((a–d) 20.2 and (e–h) 20.6) and different punch penetration depths.

As the penetration depth of the punch progresses, the smaller clearance results in a
much higher concentration of compressive and shear stresses in the shear zone. As already
mentioned in Figure 3, both specimens, but especially specimen 20.2, exhibit significantly
higher compressive stresses in the center of the shear zone than at the edge. This favors
the initiation of the ASB in the center of the blanking surfaces observed in Figure 3. The S-
shaped formation in the shear zone at the smaller clearance also becomes visible (Figure 5b).
The larger clearance leads to a significant distribution and splitting, respectively, of the
occurring stresses and to dominating shear stresses in the shear zone. When compared
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to Figure 5c,g depicts that smaller clearances result in an earlier failure due to the larger
concentration of stress. The initiated crack has already grown through more than 50% of the
sheet thickness here, while the initiation of the crack has just begun for the larger clearance.
Finally, it is noticeable in Figure 5d,h that the tensile stresses occurring in the shear zone
are significantly lower when the clearance is reduced. A stronger localization of stresses
and, consequently, of deformation and impact energy is more significant at a clearance of
3.34% (20.2) than at a clearance of 10% (20.6). Higher local energy input possibly results
in higher local temperature in the shear zone during adiabatic blanking [4,20]. Due to the
dynamic recrystallization, the formation of adiabatic shear bands is enabled. Moreover,
the necessary proportion of compressive stresses is significantly higher with a reduced
clearance and thus supports the formation of the ASB further.

3.2. Influence of Impact Energy and Velocity on the Blanked Surface

In order to vary the velocity independently from the impact energy, an aluminum
pusher (EN AW-7075) was used in addition to the steel pusher. Due to the conservation
of momentum, the impact velocity increases during blanking, if the pusher mass is lower
and the same impact energy is constant. The tests presented in the following were per-
formed with a relative clearance of 10% and are referred to as samples 20.6 v↑. Due to
the identical blanking clearance, these tests were compared with the 20.6 tests with a steel
pusher. Figure 6 shows the results of the laser velocity measurement directly at the pusher.
Obviously, the velocity increases with increasing impact energy. The specimens 20.6 with
the steel pusher showed velocities from 7.2 to 9.7 m/s. As expected, the tests carried out
with the aluminum pusher showed a higher impact velocity. Already at an impact energy
of 250 J, the measured velocity of 9.8 m/s is higher than the fastest velocity measured
during the test series with the steel pusher. With an increase in impact energy, the velocity
increases continuously to a maximum of 12.5 m/s. This demonstrates that the speed in
adiabatic blanking can be significantly increased by varying the mass of the pusher. The
20.6 v↑ samples reach a maximum velocity that is about 28% higher than the maximum of
the samples with the steel pusher.

Figure 6. Evaluation of the impact velocity for a relative clearance of 10% with varying impact
energies and different pushers.

Regardless of the formation of adiabatic shear bands, the high velocity and especially
the impact energy in adiabatic blanking affects the blanked surface in several ways. Figure 7
shows the influence of the impact energy exemplarily on the specimen cut with a die
diameter of 20.6 mm and with a relative clearance of 10%, respectively. In this test series,
the energy varied between 250 J and 1000 J. All samples show similar blanked surfaces,
which exhibit a predominantly fractured surface. The clean-cut fraction seen in the upper
part of the blanked surface is less than 100 μm for all specimens. In the 750 J impact energy
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sample, it is almost non-existent. The S-shaped surface, as shown by the specimens with
smaller clearances (see Figure 3a–c), cannot be observed with a 10% relative clearance,
regardless of the impact energy. On the contrary, the fracture surface of the specimens is
very straight but inclined. It is clearly visible that the angle α between the fracture surface
and the normal to the sheet surfaces becomes smaller with increasing impact energy. In
case of the specimen cut with an impact energy of 250 J, the angle α amounts to 8◦, while
the specimen cut with an impact energy of 1000 J features an α of 4.5◦. Consequently,
the angle is reduced by more than 40% for the largest impact energy due to a significant
increase of impact velocity and energy. The displacement measurements in the tool by
laser triangulation showed that the velocity in the process increases from about 7.2 m/s for
the 250 J sample to over 9.7 m/s for the 1000 J sample (Figure 6). The higher velocity leads
to a stronger localization of the deformation in the shear zone. The heat generated during
blanking cannot dissipate quickly enough due to the high velocity and the correspondingly
short process time, resulting in a very strong local increase in temperature followed by
thermal softening of the material. Further deformation takes place in the thermally softened
area due to the locally lower flow stress. Thus, strain localization occurs. Consequently, as
the velocity increases, the deformed material volume is reduced, and the fracture angle
must become smaller. This effect was also observed in [5,26]. For smaller clearances
(Figure 3), the higher stress concentration (see Figure 5) and the increased proportion
of compressive stresses can lead to shear band initiation, which influences the fracture
surface as a result. It must be taken into account that the influence of velocity, energy, and
clearance always depends on the material to be blanked and its mechanical, thermal, and
microstructural properties.

The effect of the increased velocity is clearly evident in the optical micrographs of
the 20.6 v↑ samples in Figure 8. For impact energies of 250 J to 750 J (Figure 8a–c), the
combination of speed and energy leads to the formation of an almost vertical blanked
surface despite the large relative clearance of 10%. These blanked surfaces have the
highest geometric accuracy in the entire parameter space investigated, especially in direct
comparison with the specimens of the same clearance in Figure 7a–c. The sample cut with
an impact energy of 750 J (Figure 8c) shows a larger deviation from the vertical dotted
line in the upper part of the blanked surface compared to those cut with lower impact
energies. This seems to be a starting formation of the S-shaped blanked surface, indicating
the formation of a shear band, which is only detectable to a limited extent by optical
microscopy methods, however (see details in Figure 9b). Figure 8d shows a stronger offset
and the occurrence of a fracture angle. This principal shape is similar to the specimens
cut with the steel pusher at a correspondingly lower impact velocity (Figure 7d), but the
angle is smaller here due to the increased velocity. Although, the blanked surface also
has a much wavier (slightly more S-shaped) character than the 20.6 specimen at 1000 J.
However, the clear formation of an ASB in the center area of the blanked surface is evident
(see Figure 3). This demonstrates again that the initiation of shear band formation changes
the geometry and further the quality of the fracture surface. In this case, the ASB forms
despite the large blanking clearance due to the increased velocity and the resulting reduced
time for heat conduction from the shear zone. When compared to lower velocities, the local
temperature increases more significantly and the dynamic recrystallization processes for
the transformation of the microstructure can start. However, the impact velocity cannot be
discussed separately without considering the impact energy. Above a critical velocity, the
energy is the driving force for the microstructural transformation and the resulting surface
geometry. Therefore, specimens with identical impact velocities and blanking clearances
(e.g., 20.6: 750 J, v = 9.7 m/s and 20.6 v↑: 250 J, v = 9.8 m/s) show different blanking
surfaces due to varying energies.
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Figure 7. The blanked surface of the sheet is shown for a relative clearance of 10% (specimen 20.6) and varying impact
energies from (a) 250 J, (b) 500 J, (c) 750 J to (d) 1000 J. The fracture angle α becomes smaller with increasing impact energy.

Figure 9 shows that due to the increased velocity, shear band formation is detectable
from an impact energy of 500 J (Figure 9a). However, the length of the ASB cannot be
analyzed meaningfully at either 500 J or 750 J (Figure 9b), although qualitatively the ASB
is slightly longer for the 750 J sample. Both specimens show a jagged ASB, because the
thermal softening in the ASB is too low to cause plain failure here. This shows that the
parameter set of a blanking clearance of 10%, an impact energy of 500 J, and an impact
velocity of 10.6 m/s describes a lower limit for the formation of an adiabatic shear band
for this material. Very high-quality and perpendicular blanked surfaces are achieved if
the process is carried out just below this limit. The best blanked surfaces were reached
for the samples cut with an impact energy of 250 J and 500 J. This clearly shows the
different evolutions of the blanking surface as a function of the blanking parameters. The
predominant shear band type here is presumably a deformation shear band and not the
classical transformation shear band. However, for accurate identification, the blanked
surfaces need to be further examined using scanning electron microscopy techniques.
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Figure 8. Blanked surfaces of the sheet cut with a relative clearance of 10% (sample 20.6 v↑) and varying impact energies
from (a) 250 J, (b) 500 J, (c) 750 J to (d) 1000 J and velocities, respectively.

 

Figure 9. Optical microscopy images with increased resolution of the ASB of the 20.6 v↑ samples from (a) 500 J, (b) 750 J
and (c–e) 1000 J.
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With increasing impact energy and correspondingly increasing impact velocity, the
amount of converted microstructure and thus ASB becomes larger. Figure 9c–e show the
ASB of the 1000 J sample blanked with the aluminum pusher at a velocity of 12.5 m/s.
The length of the ASB was determined to be 730 μm, which is more than 100% longer
than the 310-μm-long ASB detected for the specimen cut with the steel pusher using
the same impact energy but significantly lower speed (Figure 3d). Furthermore, the
increased velocity and temperature in the shear zone lead to a three times thicker ASB
due to the facilitated dynamic recrystallization and the resulting transformation of the
microstructure [27]. Precisely, the width is 7 μm in case of the specimen cut with the
aluminum pusher compared to 2.5 μm in case of the specimen cut with the steel pusher.
However, the large blanking clearance and especially the initiated ASB change the quality
of the fracture surface to negative due to a fracture angle of α = 4◦. If higher velocities and
higher energies are used in adiabatic blanking, the formation of an ASB over the whole
cross-section of the blanked surface could probably significantly improve the quality further
and enhance the cutting surface with unique properties, such as a very high hardness [4].

4. Summary and Conclusions

The presented study systematically investigated the influence of the blanking clearance
(relative clearance: 1.67–16.67%), the impact energy (250 J–1000 J), and the impact velocity
(7–12.5 m/s) on the adiabatic blanking process of a hardened 22MnB5 steel sheet (3 mm
thickness) and on the quality of the resulting blanking surface. Numerical simulation
served for determining the stress state during the process and corresponding experiments
were carried out. The blanked surfaces were analyzed by optical microscopy.

The investigated blanking parameters were proven to have a significant effect on the
geometry of the blanking surface. Certain parameter combinations promote the initiation
of ASB. Especially, the blanking clearance, which highly influences the stress triaxiality in
the shear zone, is an important factor. Surprisingly, not the blanked surfaces with ASB, but
those that are close to forming an ASB showed the highest quality in terms of geometric
accuracy. The following key results were determined:

• If the relative clearance is ≤6.67% and the impact velocity is ≥7 m/s, an ASB is always
formed regardless of the investigated impact energies (250 J to 1000 J). A smaller
blanking clearance increases the amount of compressive stress in the shear zone,
which is necessary for dynamic recrystallization and for the formation of an ASB. For
larger clearances, the energy and velocity must be increased to form an ASB. Thereby,
the impact velocity cannot be considered separately from the impact energy.

• The initiation of the ASB is centered in the shear zone in the area of the highest
compressive stresses. A smaller blanking clearance, a higher impact energy, and a
higher speed result in longer and wider ASB.

• Three different blanking surface types were identified depending on the process
parameters. The initiation of an ASB promotes the formation of an S-shaped blanking
surface. If the relative clearance is ≥10% and the velocity is less than 10 m/s, an angled
fracture surface occurs, whereby an increase in velocity results in smaller angles. High
velocity (10–12.5 m/s) combined with a blanking clearance of 10% and a maximum
impact energy of 500 J results in a very straight blanking surface with high quality.
This surface exhibits selectively jagged and very small ASB. This demonstrates that
lower impact energies combined with increased velocity can lead to blanked surfaces
of very high quality.

As ASB provide special properties, such as very high hardness [4], an aim for further
research is the formation of an ASB over the entire blanked surface. For this purpose,
the impact energy and the velocity must be increased while maintaining a small relative
blanking clearance (≤3.34%). Under these conditions, the benefits of the ASB can be further
utilized for the blanked surfaces.
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Abstract: A thorough control of the machining operations is essential to ensure the successful post-
processing of additively manufactured components, which can be assessed through machinability
tests endowed with numerical simulation of the metal cutting process. However, to accurately
depict the complex metal cutting mechanism, it is not only necessary to develop robust numerical
models but also to properly characterize the material behavior, which can be a long-winded process,
especially for state-of-stress sensitive materials. In this paper, an efficient mechanical characterization
methodology has been developed through the usage of both direct and inverse calibration procedures.
Apart from the typical axisymmetric specimens (such as those used in compression and tensile tests),
plane strain specimens have been applied in the constitutive law calibration accounting for plastic
and damage behaviors. Orthogonal cutting experiments allowed the validation of the implemented
numerical model for simulation of the metal cutting processes. Moreover, the numerical simulation
of an industrial machining operation (longitudinal cylindrical turning) revealed a very reasonably
prediction of cutting forces and chip morphology, which is crucial for the identification of favorable
cutting scenarios for difficult-to-cut materials.

Keywords: mechanical characterization; tribological characterization; high strain rate; elevated tem-
perature; stress triaxiality; additive manufacturing; 18Ni300 maraging steel; constitutive modelling;
damage modelling; machining simulation

1. Introduction

The numerical simulation of metal cutting operations has become an everyday practice
to assist in the design of better cutting tools and in the optimization of cutting conditions
aiming to improve the performance of the machining processes. This is because, in a
general sense, numerical simulation of manufacturing processes has scientifically matured
and become consolidated as engineering commercial software packages. The quality of the
numerical predictions in metal cutting simulation depends mainly on how accurate the
constitutive models are to describe the tribo-thermomechanical response of the workpiece
materials in a given application. This is of tremendous importance in a context of metal
cutting simulation where plastic deformation, fracture, and friction occur under extreme
conditions of strain, strain rate, temperature, and complex state-of-stress which make
mechanical and tribological testing challenging and leading frequently to intricate the
calibration of constitutive parameters by inverse analysis. Similar constitutive model
calibration challenges are also being experienced in other manufacturing technologies,
such as electromagnetic forming and friction stir welding.

The development of constitutive models and experimental methodologies for the
calibration of input data towards the numerical simulation of metal cutting has made
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significant progress over the last years, especially those considering the state-of-stress
influence (i.e., stress invariants) on flow stress and damage [1,2]. Numerical estimates are
now closer to laboratory measurements, or even to industrial machining operations mea-
surements. Despite the increasingly good quality of these numerical estimates, the steady
progress in materials science and cutting tools promotes the complexity of constitutive
modelling, leading frequently to intricate calibration procedures. Typically, a significant
number of tests is required to allow the identification of a vast number of model coefficients
to better describe the mechanical and tribological response in a given application [3]. In
parallel to material improvements, the increasing performances of the manufacturing
processes (e.g., high-speed machining) makes input data calibration even more challenging
and a time-consuming process each year.

Input data calibration is complex and involves a large number of experimental and
theoretical procedures. Some of them are based on long-established laboratory tests, while
others use “trial and error” inverse methods to calibrate a constitutive model. Fracture and
tribological contributions can significantly expand the already time-consuming calibration
procedure of a simple thermo-viscoplastic constitutive model. To put it in another way:
calibration should be able for accompanying changes and requirements of the industrial
sector, not hindering its development. Therefore, in order to properly handle the model
complexity during calibration, the tuning process of the model coefficients requires a deep
understanding of the manufacturing process and what assumptions on the mechanical
and tribological characterization can be made. Indeed, each manufacturing process has its
own specificities, being advantageous to simplify the numerical problem aiming to reduce
the computational costs, without penalizing the quality of the theoretical estimates [4].
Likewise, there should be a concern to simplify constitutive model data calibration, which
limits the usage of unnecessary experimental and theoretical procedures. This is not an
obvious exercise since mechanical and tribological response under typical metal cutting
conditions are highly nonlinear, influenced by temperature, state-of-stress invariants (e.g.,
hydrostatic pressure), and with strong rate dependencies [5].

The uniqueness of the model coefficients values is also of concern, since different
coefficients sets can be generated for the same material and constitutive model, depending
on the used calibration methodology and experimental techniques. For example, exper-
imental techniques such as the split-Hopkinson pressure bars are commonly employed,
despite having a loading signature distinct from the chip formation mechanics [6]. Sim-
ilarly, pin-on-disc tribometers are regularly employed despite the low contact pressure
and existence of metallic oxides, different from the tribological condition in the tool-chip
contact interface [7,8]. Even though these traditional mechanical and tribological tests are
not able to guarantee the desired accuracy, they are commonly used in the direct calibration
of the model coefficients for metal cutting simulation. This is due to scarcity of specific
apparatus able to reproduce realistic operative conditions of metal cutting processes under
laboratory-controlled conditions and time-consuming experiments. Maybe due to this,
most of the published research in metal cutting modelling is based on inverse calibration
methodologies [9].

The inverse calibration methodologies are based on the reverse simulation of previ-
ously performed experiments in order to determine the best set of coefficients that allows
for a better correlation between the numerical estimates and the experimental measure-
ments. Typically, the model coefficients are adjusted in order to replicate the experimental
load-time histories and the stress and strain fields. Most of these experiments are based
on simulative tests, such as the orthogonal cutting test and even practical metal cutting
operations. The accuracy of the constitutive models increases with the diversity of experi-
ments to be replicated by the numerical methods. Although some phenomena are omitted
in order to simplify the numerical problem and some coefficients reportedly differ from
what should be physically expected, it appears that inverse calibration methodologies are
able to collect some of these statistics and can usefully be directed to support numerical
modelling of metal cutting processes [10,11].
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The majority of constitutive models used in the numerical simulations of metal cutting
considers only the plastic deformation contribution to represent the material response
during the chip formation, neglecting the damage and consistently omitting the contri-
bution of the ductile fracture. However, the model coefficients are very sensitive to small
changes in the metallurgical conditions of the workpiece material. This is particularly
relevant for difficult-to-machine materials such as super-alloys, stainless steels, maraging
steels, and titanium alloys, among others. The same applies to the process by which the
workpiece material is obtained (e.g., additively manufactured materials). The combination
of these two factors requires special attention from the point of view of the constitutive
modelling. For example, machining post-processing stages of additively manufactured
metallic parts bring to focus the importance of machinability assessment. The difficulty in
machining such materials with standard tools and cutting parameters has recently been
the focus of research as reported in the literature. For example, Marbury et al. [12] reported
tool breakage when applying standard cutting parameters thought for conventionally
manufactured (CMed) 316 L stainless steel, on the AMed counterpart. On the same alloy,
Leça et al. [13] have shown that porosity directly influences the cutting loads and reported
a relationship between chip segmentation and relative density. Focusing on the effect of
cutting velocity, Bai et al. [14] have compared the machinability of the AMed A131 steel
with its conventional counterpart, focusing on the effect of cutting speed. The authors state
that the microstructure differences between AMed and CMed materials (existence of melt
pools, layer construction, and porosity) impact directly on chip morphology (continuous
for the CMed), cutting forces and tool wear (higher for the AMed). Such relative decrease
in the machinability of AMed parts has motivated several authors in finding the most
appropriate cutting parameters for their processing.

Additively manufactured 18Ni300 maraging steel was selected for this research to
better illustrate the need to move in two directions at once: on the one hand, develop an
accurate constitutive model calibration for complex thermo-viscoplastic material respons
and, on the other hand, optimize the cutting conditions on a new and emerging difficult-
to-machine material. In what follows, a combination of experimental tests and adequate
numerical methodologies are presented, to help the effective and practical calibration of
constitutive models for metal cutting simulation. Therefore, the present study focuses
on the mechanical and tribological characterization, accounting for the influence of the
strain rate and temperature, as well as the state-of-stress. The choice of the characteri-
zation tests and specimen geometries were based on a logical flow to support the input
data calibration with physically representative values and its sensitivity to the operative
conditions. With the goal of numerically simulate the metal cutting processes, an extensive
mechanical characterization of the AMed 18Ni300 maraging steel has been performed. A
coupled plastic-damaged model based on Johnson–Cook model was employed and model
coefficients determined using a combined direct characterization and inverse calibration
procedure. The constitutive model validation was done by comparison of calculated and
experimental load and chip curling for orthogonal metal cutting tests. Finally, the validated
numerical model has been successfully used in simulations of industrial turning operations
performed on AMed 18Ni300 maraging steel.

2. Efficient Methodology for Constitutive Modelling Calibration

This section proposes a progressive and efficient calibration procedure for constitutive
modelling and numerical simulation in the metal cutting domain (refer to Figure 1). This
procedure seeks a compromise between the direct characterization of physical parameters
and the inverse calibration of theoretical models for a quick and effective determination
of the constitutive model coefficients. A minimum set of complementary mechanical and
tribological tests were selected. These experimental tests allow to reproduce the typical
operative conditions similar to those of real metal cutting processes, some allowing to
obtain absolute reference values (e.g., yield stress, flow stress under uniaxial compressive
loading and friction coefficient at room temperature), whereas others relate to assessing the
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sensitivity of the mechanical and tribological response to the extreme operative conditions
of metal cutting (e.g., strain rate, temperature, triaxiality). Regarding the material mod-
elling, the Johnson–Cook model was selected as the basis since it is one of the mostly used
material laws, as well it is available in most of the commercial FE codes. It is commonly
believed that the Johnson–Cook model is able to reproduce flow stress behavior of materials
under uniaxial impact loading and high temperatures [15].

 

Figure 1. Flowchart of the optimization-based methodology for the identification of the plasticity and damage model
coefficients for metal cutting simulation.

Tensile testing is one of the most common mechanical tests performed on materials.
It provides a simple, accurate, and direct characterization of the material yield stress and
flow stress–strain behavior until fracture, which occurs under a positive stress triaxiality
(e.g., triaxiality equal to 0.3 or higher) and Lode angle parameter equal to unity. Under
these stress conditions, fracture strain is a function of stress triaxiality, being common
reduced plastic strains at failure for high stress triaxialities, e.g., effective strains of 0.1, even
for ductile metallic alloys. The tensile test is typically performed using universal testing
machines capable of being used for a maximum strain rate of 10 s−1 and the occurrence of
necking hinders the direct characterization after the necking onset. Non-uniform stress–
strain fields during necking impact on stress triaxiality and therefore on the effective
strain at failure. After necking, inverse characterization techniques are the most common
approaches.

Notwithstanding the foregoing, given the loading signature of metal cutting, it appears
logical to complete the mechanical characterization with the uniaxial compression test
to undergo high plastic strains (e.g., effective strains up to 1 or above) without cracking
due the negative state of stress (e.g., triaxiality of −0.3 or lower and Lode angle of −1).
This mechanical test can be carried out using impact testing machines (e.g., strain rates of
104 s−1) inside furnaces (e.g., 750 ◦C). Contrarily to tensile tests, compression tests allow a
direct characterization of the material flow behavior under severe plastic deformation. In
addition, they allow for sensitivity analysis concerning the operative conditions influencing
the material response rate- and temperature-dependent mechanical characteristics, which
is hardly achieved by means of tensile tests under such severe conditions [16].

For reasons of simplification, it is considered that the rate- and temperature-dependent
characteristics are independent of the state of stress and can be adequately determined
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by the uniaxial compression test. These uncoupled effects hypothesis is the basis of the
Johnson–Cook constitutive model for the flow stress [17]. This rate- and temperature-
dependent response under uniaxial compression can subsequently be generalized to the
entire range of triaxialities and Lode angle parameters combinations (axisymmetric tensile
and plane strain tests), where the mechanical testing under high strain rates and elevated
temperatures are extremely difficult or even impossible to accomplish. As a clear example
of this complementarity, the material flow stress which can be determined by the double-
notch plane strain test introduced by Abushawashi et al. [18] (quasi-static and room
temperature) to better representing the metal cutting conditions, can be further enhanced
by the rate- and temperature-dependent sensitivity determined by uniaxial compression
testing under high strain rates and elevated temperatures.

Although the compression test simulates the operative conditions (i.e., strain rate and
temperature) of the metal cutting processes, the friction between the cylindrical specimen
and the compression platen promotes an overestimation for the flow stress. The flow stress
should be corrected by subtracting the contribution of the frictional energy. This can be
done by performing ring compression tests using the same compression apparatus and thus
maintaining constant the tribological interface for all mechanical tests. The ring-shaped
specimen is compressed between two flat platens with (similar to the compression test)
and without lubrication (similar to dry friction of metal cutting), and the experimental
evolution of the inner diameter is measured as a function of the specimen height. The
friction coefficient is determined by correlating the experimental measurement of the
inner diameter and the friction calibration curves. These calibration curves are inversely
determined by numerical simulation, changing the friction coefficient in order to reproduce
the experiments. However, an optimization-based procedure is needed for an inverse
determination of the flow stress curve under frictionless conditions, and new friction
calibration curves and a friction coefficient should be determined. After, the achieved
input data for the numerical simulation of the compression test (frictionless flow stress
and friction coefficient value) should provide an accurate loading-displacement curve.
The method is confirmed to provide flow stress curves within an error of 5%. It is worth
noting that the ring test can be carried out in the impact testing machine under the extreme
conditions of pressure, strain rate and temperature of the practical machining processes.

The above mentioned procedure has traditionally been considered acceptable for
calibrating input data parameters for the numerical simulation of metal cutting processes.
However, the radial expansion (compression) and the radial reduction (tensile) of the com-
monly used mechanical tests may differ from each other, and from the desired plane strain
conditions of the chip formation mechanics (refer to Figure 2). This is of relevance when
the mechanical response of engineering materials (e.g., flow stress curve, critical damage),
which includes the recent AMed metallic alloys, exhibits high sensitivity to the state of
stress (e.g., stress triaxiality, Lode angle). The literature shows appropriate procedures to
account for the influence of the state-of-stress in the constitutive modelling [19] based on a
combination of tensile, compressive and shear tests and inverse calibration methodologies.
The geometry of the test specimens plays a determinant role in the resulting state-of-stress
of the plastic zone to better replicate the micro cracks initiation and damage propagation
occurring in manufacturing processes [20]. The coupled plastic-damage model should
be able to capture and reproduce that influence of the triaxiality and Lode angle on the
mechanical response of the workpiece material. An adequate selection of the constitutive
model and related calibration methodologies can significantly influence the quality of
the numerical estimates. The accuracy of the numerical models increases with the range
and combination of the triaxiality and Lode angle considered in the inverse calibration
procedures [21].
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Figure 2. Schematic representation of the stress triaxiality and Lode angle parameter space for
different specimen geometries (C_ stands for cylinder, NC_ for notched cylinder and NP for notched
plane strain specimen) and loading conditions (_C stands for compression, _S for shear and _T for
tensile). CC refers to uniaxial compression of cylinders and OC to orthogonal cutting test.

Nevertheless, the cost of implementing a full-range constitutive model valid for
any triaxiality and Lode angle parameter is very high, both in terms of the number of
tests required as well as in terms of model parameters to be identified thru intricate
direct/indirect optimization procedures. In the present research, recognizing the plane
strain nature of the metal cutting operations, double notched plane strain specimens
introduced by Abushawashi et al. [18] will assume a central role for the constitutive
model calibration regarding the reference conditions of temperature and strain rate (e.g.,
room temperature and quasi-static deformation) based on standard yield theories (e.g.,
J2 plasticity). The triaxiality of the chip formation mechanism can be well reproduced by
the inclined double-notch plane strain tests under controlled laboratory conditions. The
triaxiality value is influenced by the tilted notches angle and can be determined based on
an optimization-based procedure including physical constraints and initial input values.
Thus, given the plane strain deformation of the double-notch plane strain test (aprox.
triaxiality ranging from −0.5 to 0.5 and null Lode angle), it appears logical that the optimal
solution should be framed between the tensile test (triaxiality 0.3 and Lode angle 1) and
the compression test (triaxiality −0.3 and Lode angle −1) for meaningful values. As
initial input values the frictionless flow curve obtained from the uniaxial compression test
should be used due to its capability to reproduce the extreme conditions of metal cutting,
namely the large plastic strain. Using inverse simulation techniques, this kind of test will
be used to validate a stress–strain relation. Further, the developed reference flow stress
relation can be updated with the thermal and rate dependent influences, from compression
testing assuming independent contributions, as underlined by the Johnson–Cook model.
Regarding the damage behavior evaluation, the tensile tests covering various triaxialities
and the double notched plane strain specimens may provide enough insight covering both
positive and negative triaxialities.

The small number of parameters and relatively simple calibration contribute to exten-
sive usage of the Johnson–Cook plasticity model (refer to Equation (1)) in metal cutting
simulation. The model describes the equivalent plastic stress (σ) in function of the un-
coupled effects of strain hardening, through material parameters of the equation’s first
term A, B, and n, as well as the equivalent plastic strain (εp). The viscoplastic response
is modelled by the second term through the material parameter C as well as strain rate
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(
.
ε) and reference strain rate (

.
ε0). The temperature softening is modelled by the third term

through the definition of the material parameter m, room temperature T0, and melting tem-
perature, Tm. In addition to the flow stress evolution, the Johnson–Cook damage threshold
model (Equation (2)) depicts that the damage initiation strain (ε f ) as a function of stress
triaxiality (η), strain rate, and temperature as well as material parameters d1 to d5. In order
to model damage evolution (stiffness degradation), the Hillerborg model (Equation (3))
can be applied due to the idealized combination between damage mechanics and finite
element degradation and may be regarded as a material parameter capable of expressing
the energy dissipation relative to crack opening. The critical damage dissipation energy,
Gf , is depicted in function of the characteristic length (L), which is associated with an
integration point.
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The above mentioned direct characterization and inverse calibration methodologies
are expected to provide accurate input data parameters for the numerical simulation of
the metal cutting processes [22]. Nevertheless, it must be pointed out that assumptions
and simplifications have been done in order to allow the development of a progressive and
efficient calibration procedure. Thus, an experimental validation concerning metal cutting
simulation is also desirable. This can be achieved by comparing the numerical simulation
estimates to the experimental measurements on the simple orthogonal cutting test carried
out under controlled laboratorial conditions. It should be noted that the tribological
condition of metal cutting differs from metal forming due the absence of metallic oxides
and thus slight variations in the friction coefficient may occur influencing the chip curling.

3. Additively Manufactured 18Ni300 Maraging Steel

In order to address the characterization requirements, an AMed 18Ni300 material
batch was built, through laser powder bed fusion. An ytterbium laser with a spot size
of 70 μm was used for processing the material samples, according to the manufacturers’
recommendation for optimal printing conditions and overall quality. This corresponds to a
laser power of 400 W, scan speed of 0.86 m/s, hatch spacing of 95 μm and a layer thickness
of 40 μm. Additively manufactured parts may present a considerably different mechanical
performance, depending on a multitude of aspects in their manufacture. In order to fully
understand the materials’ as-built condition, a comprehensive analysis regarding physical,
metallurgical and mechanical properties was carried.

The micrograph cross-section method for porosity measurement was adopted in this
study. In this technique, AMed samples were cut in two distinct directions (perpendicular
and parallel to the build direction), embedded in resin (through compression mount).
Manual and semi-automatic grinding using sandpaper, followed by polishing of the cut
cross-sections (Struers Pedemax-2, INEGI), allowed for its optical microscope observation
(Olympus PMG3 and Zeiss Axiophot). Etchant is not used in these samples, given that
the goal is to simply reveal the absence of material (pores) in a polished surface. In
order to estimate relative density, metallographic samples were post-processed in ImageJ
software for the generation of binary maps that more easily allow for porosity assessment.
Figure 3 presents two representative metallographic image samples (one for each direction
of interest) for the additively manufactured maraging steel. A computed relative porosity
of 99.7% was found, which is identical to the manufacturer’s specification (99.8%). No
pattern- or direction-related porosity was found in the analyzed samples.
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(a) (b) 

Figure 3. Unetched metallographic samples showing voids occurrence in both: (a) perpendicular, and (b) parallel-to-build
directions.

Microstructural analysis was carried by the same optical equipment used in the
porosity analysis. For such task, material samples were etched in order to reveal the
melt pool baths as well as the grain morphology. Samples were chemically etched with
nital solution (2%) whilst oxalic acid was used for electrolytical etching (6 V DC for 50 s).
Grain morphology can easily be observed with chemical etching, whereas melt pool
geometry and AMed-related microscopic features, such as laser trace, require electrolytical
etching. Figure 4a shows a chemically etched sample of AMed 18Ni300 maraging steel
in perpendicular-to-build direction, characterized by an uneven distribution of lath and
plate martensite among austenite. Figure 4b shows an electrolytical etched sample in
the parallel-to-build direction, where melt pool geometry is evidenced. The melt pool
approximate geometry allows for the calculation of an energy density of 122 J/mm3, which
is coherent with the literature values for steel alloys processing [23].

(a) (b) 

Figure 4. (a) Chemically etched metallographic samples in perpendicular-to-build direction, and (b)
Electrolytically etched samples in parallel-to-build direction.

Chemical composition analysis was performed using spark emission spectroscopy
(SPECTROMAXx). The comparison/verification compliance with material standards, for
each alloying element is depicted in Table 1, where the low carbon content is noticed. Rather
than the typical high carbon content, the martensitic microstructure of AMed 18Ni300
maraging steel is achieved by nickel addition, which is the main element. The lack of
carbon enhances weldability, which in turn makes such alloys a good choice for additive
processing [24,25].
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Table 1. Chemical composition (wt%) of 18Ni300 AMed steel with respective reference values [26].

Ni Co Mo Ti Si Mn C P S

Standard min 18.0 8.5 4.6 0.5 - - - - -
Standard Max 19.0 9.6 5.2 0.8 0.10 0.10 0.03 0.01 0.01

Current 18.80 8.84 5.15 0.65 0.05 0.03 0.02 <0.001 <0.001

4. Plastic and Damage Response Determination

This section focuses on the experimental characterization and inverse calibration
methodologies conducted on the AMed 18Ni300 maraging steel to determine its mechan-
ical and tribological behaviors. It begins by introducing the compression tests on both
ring and cylindrical specimens. These tests were conducted for a dual purpose: (i) a direct
characterization of the material flow stress under radial strain expansion accounting for
material sensitivity to strain rate and temperature; and (ii) to estimate friction coefficient at
the tool-workpiece interface resorting to a combined experimental-numerical approach.
Special emphasis is given to the apparatus that was developed by the authors to perform
uniaxial compression tests under extreme thermo-mechanical conditions. In continuation,
radial strain reduction tests are performed on both cylindrical and notched cylindrical
specimens, tensile tests representing an adequate approach towards identifying the mate-
rial damage behavior dependence on Lode angle and positive stress triaxialities. Double
notch plane strain specimens were also tested for a complementary range of intermediate
stress triaxialities at null Lode angle. The inverse analysis of the tests on double notched
specimens also allowed establishing the material constitutive plastic law in a more represen-
tative state-of-stress to metal cutting. The combined experimental-numerical methodology
proposed by the authors requires the inverse analysis of the experimental characterization
tests. Thus, ABAQUS FEM software has been used in the full extent of mechanical and
tribological characterization modelling, considering an elastoplastic approach with a von
Mises (J2) yield criterion with isotropic hardening.

4.1. Initial Definition

The uniaxial compression test and the ring compression test were selected to evaluate
the mechanical and tribological properties of the AMed 18Ni300 steel, when submitted
to one-dimensional compression and axisymmetric expansion, at different loading rates.
These are the most used tests to evaluate the flow stress and friction in metal plastic-
ity [27,28] and can be carried out using the same experimental apparatus, allowing similar
tribological conditions between the specimens and the compression platens. Under these
experimental conditions and based on adequate inverse analysis procedures, it is possible
to identify the individual contribution of plasticity and friction.

The compression test involves reducing the height of axisymmetric specimens, by
uniaxial compression, between two flat and parallel platens (Figure 5a). Compression
tests were carried out on cylindrical specimens with a cross-section of 4 mm diameter (d)
and a height-to-diameter ratio, h0/d = 1. In order to evaluate the mechanical response in
conditions compelling to those found in metal cutting, tests were conducted for a wide
range of strain rates from quasi-static up to 6000 s−1. A thin film of graphite grease was used
to lubricate the compression platens. However, despite even the best interface conditioning
practices, no homogeneous deformation can be attained due the impossibility to eliminate
the frictional shear on both contact interfaces between compression platens and the test
specimen (Figure 5b,c). The ideal mechanical response, frictionless flow curve, can be only
attained by eliminating the friction contribution on the experimental load–displacement
curve using post-processing techniques. To account for tribological phenomenon on the
contact interfaces, ring shape specimens were also tested under compression to several
pre-determined height decrements (Figure 6a).
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Figure 5. Basic concepts of the uniaxial compression test on cylindrical specimens: (a) schematic representation, kinematics
and nomenclature of the compression test, (b) schematic representation of the friction influence on the deformed cylinder
morphology (cross-section), in which the outer diameter increases as the specimen is compressed for a higher friction, (c)
schematic representation of the typical flow curves obtained by experimental testing under different interfacial friction
conditions (dry and lubricated conditions, and interrupted testing).
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Figure 6. Basic concepts of the uniaxial compression test on ring shaped specimens: (a) schematic representation of the
test region, showing the kinematics of the ring compression test, (b) schematic representation of the friction influence on
the deformed ring morphology, in which both the inner and outer diameters increase as the specimen is compressed for a
lower friction and the inner diameter decreases for a higher friction, and (c) schematic plot of the friction calibration curves
obtained by finite element analysis.

As the ring height is reduced, the outer diameter expands radially outwards and
the change in inner diameter depends on both compression in the axial direction and the
interfacial friction between ring and compression platens. If friction is small, both the inner
and the outer diameter expand. However, due to friction hindering of the radial expansion
of the specimen material, the inner diameter can become smaller than the original diameter
(Figure 6b), for higher values of friction [29]. In this research, the dimensions of the ring
specimens were 7, 3.5, and 2.5 mm, corresponding to the outside diameter, inside diameter,
and height, respectively (approx. 6:3:2 ratio). The experimental tests were performed for
two different lubrication conditions: (i) lubricated contact, in which graphite grease was
applied on the compression platens in order to reproduce the tribological conditions of the
previously described uniaxial compressions tests, and (ii) dry contact, to study the effect of
temperature and loading rate on friction coefficient under similar operative conditions as
those observed in machining processes. While for quasi-static conditions it is possible to
perform interrupted tests planning various compression stages (several stages and, thus a
sequence of experimental measures), in high-speed tests it is not possible to apply such a
practice due to the high kinetic energy of the incident bar and thus, only single stages were
carried out (a single measure per experimental test). In-between compression stages, the
values of specimen’s inner diameter and height were measured using a digital precision
caliper gauge and recorded before and after the tests. Each test/experimental measurement
produces only one experimental point to be placed on the calibration curves. At least 3 tests
were performed for each experimental condition to detect possible gaps in the experimental
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results that could be attributed to homogeneity and isotropy issues related with the AMed
material production and specimens manufacturing.

Friction can be estimated by a comparison of experimental data with friction calibra-
tion curves generated in advance by numerical procedures. The calibration curves were
obtained by means of finite element-based simulations using Abaqus software. Both com-
pression platens were considered rigid; the bottom platen was considered static, whereas
the upper platen motion was set to be consistent with the velocity of the experimental tests.
The mechanical behavior (stress–strain data) of the materials to be used in the numerical
simulation was determined by means of the compression tests performed on cylindrical
specimens, as previously described. The calibration curves for quasi-static conditions are
exemplified in Figure 6c and show that low values of friction give rise to increase the inner
diameter of the specimens during deformation, whereas high values promote a decrease in
the specimen’s inner diameter.

The uniaxial compression tests were carried out in a customized split-Hopkinson
pressure bar (SHPB), specially designed to provide a wide range of strain rate conditions
and temperatures, schematically shown in Figure 7. This apparatus makes use of a single
load cell and specific displacement transducers for all testing conditions, ranging from
quasi-static, low strain rates and high strain rates tests, thus eliminating the typical cali-
bration deviations associated with the utilization of different testing machines. The main
components can be grouped into three main systems: (i) impact bench, (ii) instrumentation
and data acquisition systems, and (iii) rate-based actuators.

 

h0

hi

Figure 7. Schematic representation and nomenclature of the specially designed split-Hopkinson pressure bar that allows
simultaneously quasi-static, low and high strain rate testing conditions by using (a) interchangeable hydraulic, electromag-
netic and pneumatic actuators, and (b) assembled on the same platform as the downstream data acquisition elements; detail
A shows the specimen position, while detail B shows the displacement transducer mounted on the linear guide.

The impact bench features basic structural parts, kinematics transmission systems,
a thermostatic chamber, and a pair of compression platens. The compression platens
were made from a powder metallurgy (PM) composite material consisting of tungsten
carbide particles and a cobalt metallic binder (WC–15 wt% Co), that provides the required
compromise between hardness and toughness. Thus, assuring that the rigid substrate
endures the very demanding conditions of high temperatures and extreme compressive
loads but also withstands the shock and vibration of impact tests. In order to limit asperity
interlocking contribution to the friction mechanism, the platens’ surface was polished,
having shown average roughness values (Ra) in the range of 0.009 to 0.032 μm along
the radial direction. Chemical adhesion between the material pair platens-specimen was
controlled through the application of a TiAlSiN coating with a thickness of not less than
2.5 μm, using a PVD HiPIMS process.

An electric furnace was used to allow testing temperatures above reference room
temperature (Figure 8b). This heating unit was installed directly in the impact zone,
surrounding the compression platens, as seen in Figure 8c, allowing testing temperatures
up to 900 ◦C. This furnace consists of a chamber lined with refractory material where the
electric heating resistors are located, with the particularity of having a through hole in the
sides to permit the compression platens’ action (Figure 8b).
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(a) (b) (c) 

Transmitter bar 

Specimen 

Figure 8. Uniaxial compression test under different thermal conditions; (a) Room temperature tests, (b) hot conditions using
an electric furnace, and (c) close-up view of the compression specimen under elevated temperature.

The instantaneous strain, stress and strain-rate are calculated based on the monitoriza-
tion of the three main physical parameters: time, load, and displacement; being the instant
time implicit in the data acquisition systems. A multipurpose data acquisition board,
National Instruments PCI-6115 combined with appropriate software (LabView) was used
to monitor these parameters, allowing sampling rates of up to 10 MHz. Since the presented
experimental technique deviates from the commonly used SHPB in the way that both
force and displacement values are taken from direct measurements, special sensors were
installed for such purpose. A full Wheatstone bridge arrangement used for load calculation
and installed in the first quarter of the transmitter bar, promoting an extended time window
without the interference of the reflected wave. The elastic deformation of the bar under
compressive loads causes the gauges’ resistance to change and thus, the load cell electrical
output signal can be linearly correlated with the applied load. Yet, this voltage output is
very low, so a VISHAY 2310B signal conditioning amplification system was required to
amplify the electrical signal. For room temperature conditions, inductive position sensors
were mounted directly between compression platens in order to promote the precision,
accuracy and resolution of the experimental measurements. This experimental technique
prescinds of complex data post-processing necessary to account for elastic deformation of
the testing machine and allows measuring the distance between compression platens with
high resolution under very high velocities and severe accelerations. For compression tests
conducted at high temperature, the inductive sensors are no longer viable. To surpass this
limitation, linear sliding potentiometer sensors were positioned outside the thermostatic
chambers, directly on both incident and transmitter bars and thus, the performance of
the sensors is not affected by even the most demanding thermal conditions. A total of
3 potentiometers were installed; 1 on the incident bar and 2 on the transmitter bar and,
the distance between compression platens can be measured by correlating the differential
value between potentiometers (Figure 7b).

An adequate linear actuator was selected according to the desired strain rate range.
For quasi-static and low strain rate compression tests (less than 1 s−1), the hydraulic ram
cylinder was used (Figure 9a). Dynamic tests can be subdivided into medium strain rate
tests (100 to 1000 s−1), which were carried out resorting to the electromagnetic actuator
(Figure 9b) and, high strain rate tests (above 1000 s−1), which were performed using the
pneumatic gun (Figure 9c). The electromagnetic actuator comprises several components
such as the electrical circuits for charging and firing the banks of energy-storage capacitors
and a series of coils that generate the electromagnetic pressure to accelerate the striker bar.
The pneumatic gun consists of a pressure vessel that allows precise control of the amount
of energy released during compression for a given air pressure. A pneumatic trigger
valve allows the stored air volume to flow through a launcher tube, converting pneumatic
energy into kinetic energy and, thus, accelerating the striker bar. The impacting velocity is
limited by the mass of the striker bar and the strain rate signature of the compression tests
depends on the specimen ability to dissipate the corresponding kinetic energy. Despite
these fundamentals, it is difficult to achieve an adequate signal noise ratio due to the
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abrupt pressure impact and wave propagating through the split Hopkinson bar during
test monitorization. Thus, a consumable thin nylon sheet of 1 mm was placed between the
strike bar and the incident bar for better loading control. With regards to the hydraulic
actuator, an electrical pump supplies the required fluid at appropriate flow rates and
pressure for the quasi-static and low strain rate compression tests.

   
(a) (b) (c) 

Figure 9. Specially designed Split-Hopkinson pressure bar that was utilized in the uniaxial compression tests: (a) in the
quasi-static configuration using the hydraulic actuator, (b) in the medium strain rate configuration using the electromagnetic
actuator, and (c) in the high strain rate configuration using the pneumatic gun, designed and installed at IST, University
of Lisbon.

The flow curves obtained from compression tests at room temperature under differ-
ent strain rate conditions are presented in Figure 10a, where three distinct stages can be
observed: (i) for incipient deformation the material exhibits a typical strengthening mecha-
nism up to strains of approximately 0.1, (ii) followed by a sudden softening behavior down
to a minimum flow stress value, point after which a (iii) secondary stage of strengthening
is observed. Regarding incipient deformation, an increase of 20% in maximum strength
is observed from quasi-static conditions to 6000 s−1. It is also worth noticing that the
softening behavior seems to be more pronounced with increasing strain rates and, the
instant at which the lowest flow stress was measured seems to shift in the positive direction
along the strain axis. Moreover, for high strains, the rate-dependent behavior tends to
similar stress values of the quasi-static compression tests. In general terms, the results
show a peculiar hardening-softening behavior and markedly strain-rate sensitivity with
effect on both the flow stress values and curve morphology.

  
(a) (b) 

Figure 10. Experimental results of (a) strain-rate influence, and (b) temperature influence on the compressive flow curve for
AMed 18Ni300 maraging steel under room temperature and lubricate conditions.

Figure 10b shows the quasi-static high temperature behavior of the AMed 18Ni300
maraging steel. Regarding the relative low temperatures of the workpiece material when
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submitted to cutting and the aging transformations of the maraging steel starting at 450 ◦C
the maximum tested temperature was of 370 ◦C [30–32]. Apart from the already identified
hardening behavior, the stress–strain response of the materials seems to present typical
softening for increasing temperature in AMed metallurgical conditions and constant curve
morphology.

Based on the results of the mechanical testing and after a probing calibration of the
standard Johnson–Cook model (Equation (1)) for the AMed 18Ni300 maraging steel, the
limitations of this equation have become clear. Despite its capacity for displaying the
strain hardening and thermal softening effects of most materials, the Johnson–Cook model
shows itself unable to reproduce the almost perfectly plastic behavior of the maraging steel
in simple uniaxial compression, even for room temperature and quasi-static conditions.
This is somewhat expected once the standard Johnson–Cook does not account for several
important effects, such as the thermal-strain softening phenomena, intrinsic strain-strain
rates paths, and temperature- and strain-induced phase transformation, among others.
Also, in this calibration procedure the complex plastic deformation which takes place in
the specimen (body) resumed as a single collection of data points, does not account for
localization problems happening in the real body (e.g., fracture, adiabatic shear bands),
which certainly deviate the stress–strain state from the homogenous one assumed to
calculate the data originally furnished. Simpler models just Voce equation [33] and Silva
equation [6] have proved to be capable to reproduce the sigmoidal stress–strain curve of
the AMed 18Ni300 maraging steel. In their standard format, these athermal equations
are commonly used at low strain rates with negligible temperature sensitivity and thus
strain becomes nearly isothermal [34]. Its application to metal cutting should be clarified,
where deformation is almost adiabatic, and heat remains where it is generated. In what
follows, the authors consider that conventional metal cutting involves a cold chip formation
mechanics, and the high temperature of chip is a result/output parameter of the plastic
flow itself. As counterexample, the billet temperature in hot forging is an input parameter
achieved prior the forging operation (e.g., by which metallurgical phase transformations
may occur). This approach considers that final temperature of a formed chip or deformed
cylindrical specimen should be equivalent after the plastic deformation, under comparable
operative conditions (e.g., initial room temperature, strain, and strain-rate conditions).
The accuracy of the model coefficients can be also improved by considering the loading
signature of the process (strain-strain rate history) [6]. Thus, parameters should be obtained
using experimental tests considering the signature of the machining process (strain-strain
rate history). In other words, the final chip temperature can be estimated by considering
the initial temperature of the uncut chip/workpiece (e.g., room temperature, external
heating or cryogenic machining), heat transfer mechanisms (e.g., frictional heating, internal
heating), and the inelastic heat fraction of plastic work that is converted into heat. As
a result, a combined Swift-Voce law will be introduced in what follows to model the
isothermal quasi-static hardening of this combined approach for the best fit to the present
experimental data of AMed 18Ni300 maraging steel.

The above mentioned friction estimates method results from an experimental-numerical
identification approach in which the first step corresponds to performing compressive
tests on cylindrical and ring specimens under the same loading, lubrication and tempera-
ture conditions. Compression of cylinder specimens enables the estimation of trial flow
stress curves that are used to simulate the corresponding ring compression test (friction
calibration curves) for different friction coefficients. An example of friction calibration
curves is shown in Figure 11a, where the ring inner diameter variation (Δdi/di) is plotted
over ring height variation (Δh/h0). The comparison of these curves with the experimental
results allows the estimation of a friction coefficient μ = 0.09. The strain–stress curves used
in the numerical estimative of friction calibration curves are not frictionless, even when
contacting interfaces of the compression platen are lubricated. Thus, an iterative process
must be applied in order to exclude the friction contribution from the trial flow stress.
Furthermore, it helps to reduce the propagation of errors caused by the uncertainties of the
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tribomechanical calibration. This process consists in the inverse numerical simulation of
the compression test using the flow stress as obtained from mechanical testing, labelled as
“input” in Figure 11b, and the previously determined friction coefficient (first estimate). The
resulting stress–strain curve will be an overestimate of the flow stress curve due to a double
contribution of the frictional mechanism (i.e., the unknown experimental friction plus the
numerically set friction), labelled as “output” in Figure 11b. By subtracting the friction
overestimation, one can derive the corrected frictionless material response. Yet, an iterative
process is required since the ring compression simulation is also material-dependent and
new friction calibration curves should be determined, allowing a convergence towards
the frictionless flow stress curve, labelled as “corrected curve” in Figure 11b, and the final
identification of the friction coefficient value. It is relevant to highlight the increasing con-
tribution of friction, for increasing strain rate and temperature, which in turn emphasizes
the importance of frictionless flow stress estimation in metal cutting simulation.

 
 

(a) (b) 

Figure 11. Optimization-based procedure for identification of the effective tribo-mechanical response based on an iterative
convergence between the (a) ring test calibration curves, and (b) inverse determination of the frictionless flow stress curve.

The influence of lubrication, temperature, and strain rate conditions on the friction
coefficient value in tool-workpiece contact interface are shown in Figure 12. It is observed
that the use of graphite lubricant (labelled as “Lub”) significantly decreases friction adhe-
sion phenomenon for the materials’ interface in all tested conditions. Still with regards to
lubricated conditions, a very consistent (yet modest) increasing trend is found for rising
temperatures and strain rates. On the other hand, for dry conditions (labelled as “Dry”),
friction coefficient tends to double when the temperature rises from room temperature to
approximately 370 ◦C (Figure 12a). Similarly, to temperature, strain rate seems to promote
an increasing friction coefficient (Figure 12b). Such results provide evidence of the friction
dependence on cutting conditions where the material experiences large strains and high
strain rates in the primary deformation zone and most of generated heat due to plastic
work to the chip [32], which in turn slides against the tool at the secondary deformation
zone.
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(a) (b) 

Figure 12. Experimental results of (a) temperature influence, and (b) expansion velocity of the ring radius (100 m/s is
correlated with a strain rate of aprox. 6000 s−1) on the friction coefficient between the AMed 18Ni300 maraging steel and
the TiAlN PVD coated tools under different temperature, sliding velocity and lubricate conditions.

4.2. Compliance with Metal Cutting Conditions

Tensile tests of smooth cylindrical specimens (CT in Figure 2) were conducted in
order to evaluate the stress–strain response of the AMed 18Ni300 maraging steel in ra-
dial reduction conditions (positive Lode angle parameter and stress triaxiality). Such
geometrical-loading configuration allows for an assessment of the state-of-stress influence
on the plastic behavior of the alloy, through direct comparison of the stress–strain curves
with the ones obtained through radial expansion (compressive loading). Given that the
tests were conducted for distinct notch geometries, it is also possible to access the stress
triaxiality influence on ductility, enabling damage initiation model identification for a
high range of stress triaxiality, which will be further discussed. The general morphology
of the tensile specimens is shown in Figure 13 and the parametrized notch dimensions
are described in Table 2. The theoretical stress triaxiality (ηT), assuming unaltered notch
contour with deformation, has been calculated according to Bridgman [35] analytical pre-
diction for each tensile specimen geometry. Quasi-static conditions were ensured through
the imposition of a 1 mm/min pulling speed to the machine crosshead (Instron 5900R
universal servo-hydraulic testing machine), which registered load through the built-in
100 kN load cell and displacement through the usage of an extensometer (MTS 632.12C-20)
with a 25 mm gauge length.

 

Figure 13. Tensile specimen geometry with parametrized notch dimensions.

Table 2. Tested configurations of stress triaxiality according to notch geometry.

Notch Parameter (Refer to Figure 13) N-∞ (Smooth) N-5 (Notched) N-2 (Notched)

a [mm] 6 4 4
R [mm] ∞ 5 2

ηT 0.33 0.52 0.74
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The severe plastic deformation in metal cutting highlights the importance of its thor-
ough characterization, especially since it is widely acknowledged that depending on the
state-of-stress, the deformation behavior can significantly differ in certain materials [19].
The comparison between the true stress–strain curves of the AMed 18Ni300 maraging steel
obtained from compression and unnotched tensile tests is shown in Figure 14. It is relevant
to notice that due to the plastic instability, which leads to non-uniform deformation, the
tensile curve is shown up to necking. Despite the very limited extent of uniform plastic
deformation of the unnotched tensile tests, a clear plateau that corresponds to plastic yield
is noticed, revealing a considerably distinct yield strength depending on loading direction.
The observed strength differential effect between compression and tensile loading suggests
the sensitivity of the tested alloy to the state-of-stress. Similar behavior has been reported
for several AMed alloys [36,37], including the same maraging steel alloy [38]. However,
this behavior does not seem to be exclusive of AMed metallurgical condition, given that
appreciable differences between compressive and tensile yield strengths have also been
noted for martensitic steels [39], including the same maraging steel alloy of conventional
manufacturing (wrought) [40]. In addition, the magnitude of the tension/compression
strength differential shows similar values (~10%) to that reported for the same material.

 
Figure 14. Mechanical response of AMed 18Ni300 maraging steel under tensile and compressive
loading.

In order to accurately portray the plastic deformation during the metal cutting sim-
ulation, the mechanical response should be compliant with the plane strain conditions
of the chip formation mechanism. Due to its ability to cover an intermediate range of
stress triaxialities and null Lode angle parameter, the suitability of the double-notched
specimen towards the calibration of plastic and damage models, for cutting applications
has been demonstrated by multiple authors [1,18]. These plane strain specimens consist of
symmetric double notched geometries (refer to Figure 15), where cylindrical starter cracks
have been introduced to create a constant ligament length of 2 mm before loading. The
length of the ligament allows to confine plastic deformation to a small region in between
the cylindrical notches. The experiments consist in determining the punch shearing load–
displacement evolution when the specimen is compressed between compression platens,
from which critical damage and flow stress of the material under plane strain conditions
may be deduced. Through the variation of the double notch configuration, it is possible to
change the specimens’ pressure angle, which is defined by the straight line that is colinear
with the centers of the two cylindrical notches. Such modification results in a change
of stress triaxiality within the same null Lode angle parameter (plane strain conditions).
In the current research work, three distinct pressure angles were tested. For a pressure
angle of 90◦, null (or close to null) stress triaxiality due to the theoretically pure shear
condition is achieved; for a pressure angle of 60◦ a combination of compression and shear
is attained, developing intermediate negative stress triaxialities; for a pressure angle of
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120◦, a combination of a tensile and shear state-of-stress is achieved, yielding intermediate
positive stress triaxialities.

   
(a) (b) (c) 

Figure 15. Double notched plane strain specimens for distinct pressure angle configurations: (a) 60◦; (b) 90◦ and (c) 120◦.

The tests were carried in the same universal testing machine as the tensile tests. A
quasi-static compression speed of 1 mm/min was imposed to the machine crosshead
and two repetitions were conducted in order to ensure experimental repeatability. Due
to specimen symmetry, it was important to ensure not only that the compression plates
were parallel between each other (top and bottom), but also perpendicular to crosshead
displacement direction. Even though there is a major focus of these specimens towards the
identification of the damage initiation and evolution model, they provide very important
insight on material’s plasticity and flow stress validity. Given the flaws of typical mechani-
cal characterization methodology, say, for example, friction in compression tests and plastic
instability in tensile test, added to the fact that none of both is in identical state-of-stress
conditions to cutting (plane strain), the notched bar shear tests allow for a crucial inverse
calibration of the plasticity models identified through direct calibration.

In this research work, a 2D plane strain approach was used for the simulation of
the double notched plane strain specimens. Their symmetry enabled the modelling of
half-specimen (refer to Figure 16). Four-noded elements with reduced integration (CPE4R)
and an element size mesh of 0.05 mm were used. The model consists of a top die (with one
degree of freedom in vertical direction) that compresses the specimen onto a bottom die
(encastred). Both dies were modelled as rigid bodies.

 

  

 
 

(a) (b) (c) 

Figure 16. Numerical model for the double-notch plane strain test; (a) employed boundary conditions, (b) equivalent plastic
strain, and (c) von Mises stress fields of the signaled notched region for a top die displacement of 0.22 mm.
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The successful portrayal of the double notched specimens’ plastic deformation behav-
ior theoretically ensures a material plasticity law in a similar state-of-stress to metal cutting.
Such can be achieved through the development of constitutive laws that are sensitive to the
state-of-stress or, alternatively, through the inverse calibration of simpler plastic laws with
the plane strain specimen. Considering the latter, it is of utmost importance to establish
physically admissible upper and lower boundaries for the inverse estimation of the plane
strain compliant plastic law, making the direct calibration of the tensile and compression
tests a necessary initial step.

The double notched plane strain specimens have been simulated using distinct flow
stresses based on the conducted characterization tests, which are shown in Figure 17a. The
green curve corresponds to the (frictionless) compression test and the black dotted curve
to the perfectly plastic assumption of the tensile test. An extrapolation of the tensile tests
was required, given its limited extent within uniform plastic deformation. In addition, a
third curve that corresponds a combined inverse calibration (based on both tensile and
compression direct calibration) was built. The curve captures the tensile material response
for low strain values and assumes quasi-linear negative strain hardening that is tangent to
the minimum stress values obtained by compression testing. Due to allowing for an initial
hardening and its saturation (or even softening) the combined Swift-Voce law (Equation (4))
has been selected to model the isothermal quasi-static hardening of this hybrid approach
and the parameters are shown in Table 3. Figure 17b shows the comparison between
the experimental and the numerical load–displacement results for the 60◦ pressure angle
double notched plane strain specimens, using each of the three distinct plastic flow stress
evolutions illustrated in Figure 17a. It is important to note that a damage model was not
included at this stage, given the initial focus was on the assessment of plastic behavior.

σ = α
[
K
(
ε0 + εp

)n
]
+ (1 − α)

[
k0 − Q

(
1 − e−βv εp

)]
(4)

  
(a) (b) 

Figure 17. (a) Distinct flow stress curves used to represent the mechanical response of the AMed 18Ni300 maraging steel in
the numerical simulation of the double-notch plane strain test; (b) comparison between the experimental and numerical
load–displacement results, using each of the referenced flow stress curves, for the 60◦ pressure angle double-notched
specimen.

Table 3. Swift-Voce hardening equation parameters.

K [MPa] ε0 n k0 [MPa] Q [MPa] βv α

950 1 −0.7 887.5 362.5 170 0.2

The load displacement results show very high sensitivity to the applied plastic load,
which can be related with the highly heterogeneous shear strain field. It is observed that
the flow stress obtained from frictionless compression testing (green curve) and perfectly
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plastic tensile assumption overestimate the experimental loads. On the other hand, the
combined inverse calibration, inspired on both tensile and compression test data, can
accurately depict the plastic behavior of the double-notched plane strain specimens.

As regards to the damage initiation model, the numerical procedure for fracture strain
estimation consists in the simulation of both notched and unnotched tensile tests as well as
the notched plane strain tests (using the inversely identified model) and comparing the
numerical load–displacement curves with the experimentally obtained. Damage initiation
was defined as the displacement at which the calibrated FEM plastic prediction and the
experimental curve diverge.

For the tensile tests simulation, four-noded axisymmetric elements with reduced
integration (CAX4R) were used to mesh the specimens with an element size of 0.1 mm.
The adopted boundary conditions include, apart from axisymmetry, null displacement in
vertical direction of the bottom nodes and a vertical displacement on the top nodes, as illus-
trated in Figure 18a. The numerical models were built for the extensometer gauge length,
which was of 25 mm. Figure 18a additionally shows the field distributions of equivalent
plastic strain and stress triaxiality of a notched specimen N-5, refer to Table 2. It is observed
that both are localized in the center region of the specimen, where will be maximum. That
location has, therefore, been selected for data retrieval as regards the failure strains and
respective stress triaxialities, which are shown in Figure 18b, in the function of equivalent
plastic strain. The results are in accordance with the predicted trend of lower ductility
for higher stress triaxiality (or more pronounced notch geometry). Despite the accurate
theoretical prediction of stress triaxiality (ηT) for very incipient strain values, the intense
geometrical softening of the specimens (mostly as diffuse necking) results in deviation
from initial notch morphology. Thus, a significant evolution of stress triaxiality up to
fracture is noticed, highlighting the need for the application of this numerical methodology
in order to circumvent plastic deformation localization and instability in tensile loading
which hinders direct estimation of fracture strain.

    

(a) (b) 

Figure 18. (a) Boundary conditions on the N-5 specimen geometry as well as plastic strain and stress triaxiality fields; (b)
Estimative for stress triaxiality evolution in function of plastic strain and identification of failure point.

With reference to the double-notch plane strain tests, the determination of fracture
strain in function of stress triaxiality and the equivalent plastic strain field distributions
was supported by the experimental images of the deformed specimen shapes. Figure 19a
illustrates the procedure for the deformed shape of the 60◦ pressure angle notched bar
specimen at the damage onset. Relevant to highlight is the similarity between the numerical
and experimental specimen deformed shape, which allows for a further validation of the
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inversely identified plastic law. In addition, it is possible to notice the beginning of crack
propagation (signaled dashed line) which, relying on the numerical model, enables the
identification of stress triaxiality (Figure 19c) and equivalent plastic strain (Figure 19b)
along the actual experimental crack path. Experimental crack location is in accordance with
the maximum equivalent plastic strain at the hole contour surfaces. Such has promoted the
propagation of the crack from the surface to the center of the ligament and the identification
of the equivalent plastic strain and stress triaxiality fracture thresholds for each notched
specimen. Figure 20a shows the identified damage initiation law that was fitted to the
experimentally-numerically obtained fracture strains for each distinct specimen. The
reduced JC damage law (first term of Equation (2)) was fitted to the identified exponential
decrease in fracture strain, for increasing stress triaxiality.

     
(a) (b) (c) 

Figure 19. (a) Deformed shape comparison of experimental, (b) FEM results with plotted equivalent plastic strain (PEEQ)
distribution, and (c) stress triaxiality distribution of 60◦ pressure angle double notched specimen.

  
(a) (b) 

Figure 20. (a) Identified damage initiation law using both tensile and notched bar specimens; (b) Comparison between load
displacement experimental curves and numerical simulation of the notched bar specimens.

With regards to material damage evolution, element degradation was defined through
critical damage dissipation energy definition, as previously presented in Equation (3).
It has been inversely estimated for the AMed maraging steel, through the comparison
between experimental and numerical results. A critical damage dissipation energy density
of Gf = 10 mJ/mm3 was found. The load–displacement curves of Figure 20b present the
comparison between the experimental double-notch tests and the constitutive modelling
(plasticity and damage) for the AMed maraging steel. Taking into account the significantly
distinct load levels and fracture strains, a good agreement seems to be found with the
suggested approach and results.

With regards to the viscoplastic behavior of the maraging steel, the C parameter of the
second term of Johnson Cook plasticity equation (Equation (1)) was calibrated based on
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the compression tests, which were conducted for increasing levels of strain rate. Despite
the very challenging characterization, it is well known that fracture onset is sensitive to
strain rate. In this study, that effect has been inversely identified, based on literature
values on the same material. High strain rate tensile tests [41] and Charpy tests [42]
are usually applied towards the identification of stain rate influence on fracture strain,
which is typically modelled through the d4 parameter in the second term of the Johnson
Cook damage initiation model (refer to Equation (2)). An average value was considered
(d4 = 0.03), taking into account the range of literature estimation (0.014 > d4 > 0.05). All
material properties are summarized in Table 4. It is important to note that heat transfer,
thermal conductivity, and thermal expansion parameters for this exact material batch were
obtained from [43], where a detailed description of its calculation is performed.

Table 4. Material properties of AMed 18Ni300 maraging steel used in the built numerical model of
orthogonal cutting simulation.

Young’s modulus [GPa] E = 190

Hardening Law [MPa]
σ =

[
0.2

[
950

(
1 + εp

)−0.7
]
+ (1 − 0.2)

[
887.5 − 362.5

(
1 − e170εp

)] ]
×[

1 + 0.05ln
.
ε.

ε0

]
Damage model ε f =

[−0.01 + 1.77e−1.5η
][

1 + 0.03ln
.
ε.

ε0

]
Critical energy [mJ/mm3] Gf = 10

Friction μ = 0.3

Density [kg/m3] ρ = 8000

Thermal cond. [W m−1 ◦C−1] λ = 0.0206T + 15.4

Specific heat [J kg−1 ◦C−1] cp = 0.374T + 437.3

Thermal expansion [◦C−1] αT = 1.12E − 3 T − 4.03E − 3

5. Validation of the Proposed Methodology

The simulation of the orthogonal cutting mechanism can be seen as a way to validate
the found input data values for the plasticity, tribology, and damage laws in (relatively)
closer conditions to industrial machining operations. With the plastic, fracture and friction
behaviors fully depicted within the previous chapters, the current section focuses on the
description of the built numerical orthogonal cutting model and the assessment of the
suggested material models under varied, experimentally tested, cutting conditions.

Experimental orthogonal cutting tests were performed in order to enable the valida-
tion of the proposed methodology, through comparison with numerical modelling of the
cutting process. A specially designed experimental apparatus equipped with load cell
instrumentation has been employed. This type of testing machine is relevant towards the
experimental representation of the orthogonal cutting due to its robustness and stiffness,
that translates into the capability of sustaining high cutting loads in close velocity condi-
tions to cutting. The linear motor is essentially an electromagnetic actuator that allows
imposing-controlled velocity and energy to the kinematics transmission systems. A con-
stant cutting velocity of 26 m/min was imposed to all orthogonal cutting tests. A scheme
of the testing machine is shown in Figure 21. Load measurement was performed through a
three-component piezoelectric dynamometer (Kistler 9257B). A charge amplifier (Kistler
5070A) and a data acquisition system (Advantech 4711A) enabled signal conversion and
data collection, with a sampling rate of 5 kHz, which was further analysed using typical
processing software. A clamping vice was built for specimen fixation and tightened to the
dynamometer, which in turn was bolted to the testing machine table. All components were
aligned with the ram movement. The testing machine slide allows for the definition of
the uncut chip thickness, t0, through its vertical displacement. A Mitutoyo dial indicator
with a 0.001 mm resolution was clamped to the tool slide for improved t0 definition. In
order to be able to calculate the effective t0, the height of the specimen was measured
beforehand and after each cut, for the whole extent of the cutting length, in 1 mm intervals.
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A Mitutoyo toolmaker’s microscope (profile projector) with a 2× magnification lens was
used for measuring the linear height distances along the specimens’ cutting length. Two
distinct tool geometries were tested, varying only the rake angle which was of 5◦ and 12◦.
The inserts’ material was tungsten carbide, PVD-coated (TiAlN) with a 3 μm coating layer
and their geometry is displayed in Figure 22. With regards to the cutting conditions, t0
values ranging from 0.05 to 0.35 mm have been tested. The inserts were mounted on a tool
holder with a V pocket with their inverse geometry (ensuring rigidity), which in turn was
fixed to the testing machine ram through a tool holder.

 

Figure 21. Schematic representation of the metal cutting apparatus with detail of the test region showing cutting tool and
cutting specimen, and a picture showing the custom-built apparatus.

    
(a) (b) (c) (d) 

Figure 22. (a) Side view, (b) front view of the cutting inserts overall geometry employed in the orthogonal cutting; (c) detail
A of 5◦ rake angle, and (d) 12◦rake angle inserts.

In the current study, a two-dimensional orthogonal cutting numerical model was
implemented, using a coupled temperature-displacement (explicit) formulation with a
Lagrangian approach. Figure 23 illustrates the implemented numerical model. In order
to minimize the high element distortion and eventual non-convergence, distinct aspect
ratios were imposed to elements at the uncut chip thickness. Attributing a “pre-deformed”
shape to the elements through its diagonal positioning allows for easier convergence of
the model [44]. A distinct mesh distribution was also defined, meaning a finer mesh at the
uncut chip thickness with decreasing mesh density towards the bottom of the workpiece.

Despite not significantly affecting cutting force, a finer mesh contributes to an im-
proved realistic depiction of chip morphology, at the cost of computing time [45]. In
addition, a gradual engagement of the tool was imposed with a chamfered geometry (45◦)
on the workpiece. An identical tool geometry to the experimental tests was employed in the
numerical model, meaning that two rake angles (αr = 5◦ and αr = 12◦) were simulated with
a fixed relief angle (γ f = 7◦). Workpiece, tool, and mesh sizes were scaled accordingly to
the uncut chip thickness value and their parametrized dimensions are shown in Table 5 in
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accordance with the nomenclature of Figure 23. A theoretically sharp tool was considered
in all tool-workpiece geometrical configurations. Four-noded plane strain elements with
reduced integration and enhanced hourglass control (CPE4RT) were employed. Tool was
considered rigid whilst the workpiece was considered elastoplastic. On the tool, node rota-
tion was null for all degrees of freedom. Identically, displacement was also set to zero in yy
direction and experimental cutting speed was imposed in the xx direction. It is important to
note that the identified plastic model was not calibrated in function of temperature. In fact,
it is assumed that plasticity-generated heat is already accounted in the flow stress obtained
by compression tests, meaning that thermal softening, strain and strain-rate hardening are
regarded as a coupled effect. Also, it is important to highlight, is that most of the generated
heat in the primary deformation zone flows to the chip [32], meaning that at the workpiece
and primary cutting zone, temperatures are not high enough to significantly influence
material properties [46]. Relying on the assumption that adhesion is the prevailing friction
mechanism, the identified friction values have been incorporated in the orthogonal cutting
model through Coulomb’s law, motivated by its simplicity and considering the general
disagreement of friction modelling in the metal cutting domain. Chip separation has been
applied through element deletion. When reaching the fracture strain that is determined
by the damage model, elements are disregarded from the mesh. Their degradation was
modelled using Equation (3), taking into consideration energy dissipation towards fracture
occurrence. Failed elements are deleted from the mesh once the overall damage variable
(D) reaches the value of 1. Despite mass loss, this method seemed the most appropriate for
the assessment of the identified damage law. In order to promote computational efficiency,
the mass of the entire model has been scaled. When used appropriately, this method can
significantly decrease simulation time without jeopardizing the degree of accuracy [47].

Figure 23. Finite element model used in the numerical simulation of orthogonal cutting showing workpiece geometry and
parametrized dimensions.

Table 5. Parametrized workpiece, tool and mesh dimensions.

tH tL wH wL Element Size

Dimension
[mm] 5t0 4t0 5t0 20t0 0.08t0

Figures 24 and 25 show he tchip formation and its evolution at four distinct cutting
lengths for an uncut chip thickness of 0.1 mm and tool rake angles of 5◦ and 12◦, respec-
tively. Stress distribution (von Mises) is plotted which shows, as expected, maximum values
at the primary deformation zone. Stress concentration is also developed at the secondary
deformation zone, due to tool-chip friction. Figure 26a shows that the predicted (numer-
ical) strain rate values at the primary deformation zone is compatible with the dynamic
compression tests range. Moreover, in Figure 26b, the stress triaxiality field distribution
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of the chip is shown. It is interesting to note the highly negative triaxiality values at the
secondary shear zone (tool-chip interface) which then evolve into positive stress triaxiality,
as the chip is no longer in contact with the tool and is submitted to a bending moment,
instead. Despite its tendency to bend (plastically deform) which results in a change of the
stress triaxiality values at chip contour, its core still registers the mainly negative values
due to the predominant compression loading of the chip formation mechanism.

Figure 24. Numerical estimates from transient beginning to machining steady-state orthogonal
cutting conditions for αr = 5◦ rake angle, t0 = 0.1 mm and cutting lengths of (a) 0.15, (b) 0.4, (c) 0.8
and (d) 1.3 mm showing the von Mises stress distribution (S).

Figure 25. Numerical estimates from transient beginning to machining steady-state orthogonal
cutting conditions for αr = 12◦ rake angle, t0 = 0.1 mm and cutting lengths of (a) 0.15, (b) 0.4, (c) 0.8
and (d) 1.3 mm showing the von Mises stress distribution (S).
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(a) (b) 

Figure 26. Computed distribution of the (a) strain rate and (b) stress triaxiality field distributions for steady-state orthogonal
cutting conditions.

The study of cutting forces under the most varied machining conditions is a common
approach towards cutting process improvement. It can be seen as a benchmarking parame-
ter of cutting efficiency and cutting tool geometry suitability, especially in the development
of novel geometries. Such data is typically obtained through extensive experimental testing.
Numerical simulation can be highly advantageous in the virtual identification of charac-
teristic cutting constants such as the specific cutting pressure, Kc, enabling extrapolation
from the numerically validated trends and minimizing experimental machinability tests.
Towards the assessment and validation of the implemented FEM models when it comes
to load prediction, the experimental range of t0 has been covered numerically for the
comparison of specific cutting pressure. Figure 27 presents the numerical and experimental
Kc results for the AMed 18Ni300 maraging steel in function of the selected tool geometries.
The satisfactory numerical estimation for a wide range of uncut chip thickness in two dis-
tinct tool geometries enables the validation of the identified input data values and material
laws, as well as the implemented orthogonal cutting numerical model. An approximate
maximum error of 4% from the experimental exponential trend has been calculated.

  
(a) (b) 

Figure 27. Comparison between experimental and numerical specific cutting pressure on the orthogonal cutting (a) with a
5◦, and (b) 12◦ rake angle.

6. Application

The material’s machinability was assessed by means of longitudinal turning tests
carried out on a universal lathe EFI DU20 with 5.9 kW power under dry conditions. Given
that machining operations are typically performed in additively manufactured components
in order to attain better surface quality and to ensure dimensional tolerances for specific
applications, the current tests focused only on finishing operations.

The cutting load is significant as an indicator of the operation stability and energy
requirements of the machining process. Combined with chip morphology characterization,
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it allows the identification of favorable cutting scenarios in the post processing stage, en-
visioning an increase of the production rate and quality of the finished product. When it
comes to load measurement and acquisition, the same equipment employed in the orthog-
onal cutting tests was used. The load cell was mounted on the lathe’s tool carriage and
levelled in order to ensure the alignment of the cutting tool with the center of rotation of the
fixation chuck. Figure 28 shows a schematic representation and the related nomenclature
of the experimental apparatus. An ISO DCGT-11T304-FS cutting insert with a 0.4 mm nose
radius, chip-breaking rake surface and the same coating as the orthogonal cutting inserts
and compression platens, TiAlN PVD coating, was selected to provide a representative
cutting insert to the industrial turning operations and to keep the tribological conditions
constant throughout the investigation. It was mounted on a tool holder providing a −3◦
side cutting edge angle, 0◦ cutting edge inclination and 7◦ back relief angle. An unused
cutting tool was selected for each segment in order to ensure equal conditions. Regarding
the operative parameters, a full factorial combination of two rotational speeds (1800 and
2500 rpm), three feeds (0.05, 0.1 and 0.2 mm/rev) and three depths of cut (0.1, 0.2, and
0.3 mm) were explored. Each specimen is subjected to various cutting passes so the starting
point for each cut is an already machined surface. Since the tests were performed under
constant rotational speeds, the cutting speeds have evolved along the successive cutting
passes due to the diameter reduction. The selected 2500 rpm resulted into cutting speeds
between 118 and 77 m/min.

   
(a) (b) (c) 

Figure 28. Scheme of the turning setup: (a) front view and (b) top view of tool-workpiece relative position; (c) rake surface
of the used cutting insert (DCMW 11T304-FS T-CB).

Despite providing valuable insight on metal cutting mechanics, material models val-
idation and simplified kinematics, the orthogonal cutting operation does not accurately
represent 3D industrial cutting processes with intricate tool geometries, such as the turning
operation. In an attempt of bringing closer the industrial processes with the numerical sim-
ulation, the same experimentally tested longitudinal turning operations were numerically
modelled. Figure 29a shows the tool and workpiece schematic configuration, illustrating
the geometrical cutting parameters. It is important to note that, for kinematics simplifica-
tion, and similarly to other models in literature [48,49], the workpiece was defined as a
rectangular extrusion with the contour of tool nose radius, focusing on a small portion (but
steady-state representative) of the cutting process. The chip-breaking insert tool geometry
was represented in the model through a rigid body. The workpiece was modelled with
8-node linear elements with reduced integration and hourglass control (C3D8R). In order
to be able to apply two distinct structured mesh densities, the workpiece was divided in
two regions, labelled as “core” and “envelope” (refer to Figure 29a). In order to ensure
continuity between these two parts, a tie constraint was used, ensuring no relative motion
between the nodes of each part. Chip separation is modelled through the application
of the identified damage model to the whole workpiece. As regards to the tool, a finer
mesh density (unstructured) was defined around nose radius. In both tool and workpiece
parts, finer meshes correspond to a 0.02 mm seed size, and 0.05 mm for coarser meshes.
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The workpiece base was clamped and degrees of freedom of the tool were null, except in
zz direction, allowing for tool cutting speed definition which was the same as the max-
imum experimentally tested. With regards to material parameters, the same conditions
as orthogonal cutting simulation were applied. Three distinct depths of cut ap (0.5, 0.3
and 0.1 mm) were simulated for a fixed feed, f = 0.2 mm. The selection of such cutting
parameters is related with the larger chip sections, comparatively to other experimentally
tested configurations. The simulation of smaller chips is hindered by the very fine required
meshes and associated computational costs.

  
(a) (b) 

Figure 29. (a) Schematic representation of the turning operation, and (b) finite element model used
in the numerical simulation of longitudinal turning operations.

Figure 30 shows the numerical final chip geometry of each simulated set of cutting
parameters (for a limited cutting length of 5 mm), and the corresponding experimental chip
geometry (for indefinitely long, >>5 mm, cutting length), illustrating their similar tendency
to identical chip formation. This means that for minimum depth of cut (ap = 0.1 mm) a
ribbon-like chip morphology is developed, while for bigger chip sections curling seems
to occur, promoting helical chip formation as the one being developed in the numerical
model with ap = 0.5 mm.

Regarding the principal cutting forces, the simulated results are compared with the
experimental analogous conditions in Figure 31. A very satisfactory correlation between the
experimental and numerical results is observed, showing the robustness of the identified
material model towards the principal cutting force prediction. The good experimental-
numerical correlation and successful simulation of the industrial turning process address
the urgent need towards shifting from theoretical 2D models into more accurate and
complex 3D simulations [4].

Despite the good performance of the numerical simulation for the cutting force es-
timates, the underestimation of the other vector components should be highlighted. In
orthogonal cutting the experimental feed force (Ff ) accounts for averagely 57% of the
principal cutting force (Fc). Regardless of the accurate numerical prediction of the principal
cutting force, the numerical feed force is underestimated (35% of the Fc). Concerning the
numerical simulation of the turning process, a similar trend is observed, in which the
numerical estimate of feed force is less than 35% of the principal cutting force. These
results are consistent with those found in the literature [11], which are still not sufficiently
understood. It is a common belief that lack of information about flow stresses and friction
at the rates and temperatures experienced in practical cutting has primary responsibility
for this disagreement [10]. Nevertheless, the authors of the present research, after an
extensive mechanical–tribological characterization under extreme loading conditions, have
the strong confidence that a lack of information about flow stresses and friction at the
rates and temperatures is not the cause for the disagreement. The mechanical–tribological
response of the material throughout the shear plane and over the rake surface can be
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adequately calibrated and modelled for the numerical simulation of the metal cutting
processes. Possible reasons for mismatches between numerical estimates and experimental
measurements could come from the singularities of the metal cutting mechanics located
where the chip formation begins and where the chip-tool interfacial contact ends. In the
first case, the size effect of the cutting-edge radius or ploughing effect [50] is pointed out
as an additional contribution to the overall cutting load [51]. Some authors also claim
that while the chip-rake contact interface is steady, the workpiece-clearance contact occurs
under highly dynamic conditions because of inappropriate vibration (chatter) that often
results in poor surface quality and feed load peaks [52]. The vibration in the direction of the
cutting speed is relatively smaller, whereas in the direction of the depth of cut it is relatively
higher. The vibration amplitude is promoted by the relatively low stiffness of the overall
machine-tool-workpiece set and the workpiece mechanical strength that is a major obstacle,
when machining difficult-to-cut materials, such as hardened steels and titanium alloys [53].
Surface free energy is also pointed out as another important contribution from the point of
view of the ductile fracture mechanics [54]. Clearance surface is also of major importance
since its texture scratches and rubs the machined surface masking the contribution of the
primary rake face on the cutting forces amplitude. The higher the elastic recovery of the
machine-tool-workpiece set, the higher the relevance of this effect.

   
(a) (b) (c) 

   
(d) (e) (f) 

   
(g) (h) (i) 

Figure 30. Numerical chip geometry showing von Mises stress (S) distribution and equivalent plastic strain (PEEQ) fields
and experimental chip geometry for longitudinal turning with a fixed f of 0.2 mm and (a–c) for a fixed ap = 0.1 mm; (d–f)
for a fixed ap = 0.3 mm, and (g–i) for a fixed ap = 0.5 mm.
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Figure 31. Comparison between the experimental measurements and numerical estimates of cutting
force Fc for longitudinal turning tests.

In the second case, perhaps less known, it has been shown that pressure-welded
junctions occur near the point at which the chip detaches from the cutting tool, and it has
been established that there is an intimate relation between the oxide films formation and
the oxygen concentration in the surrounding medium. Thus, an additional shear force
parallel to the feed force should be applied to break the weld spots to allow the chip to slide
over the rake surface. At these welded spots no relevant normal force to the rake surface,
parallel to the cutting force, is noticed. Thus, the friction coefficient can be artificially
promoted. The thinner the uncut chip thickness, the higher relevance of this effect [55].

As discussed above, the numerical underestimation of the secondary vector compo-
nents of the principal cutting force seems to suggest significant limitations of the finite
element codes. The effectiveness of the numerical models to predict the machining per-
formance depends on how accurately these models can represent the actual metal cutting
process, namely the severe mesh distortion around the tool cutting edge. A highly refined
mesh is the first step usually taken to address the problem [56]. However, the sparse
finite element mesh used in the 3D simulations of Figure 30 showed a significant com-
putational cost of approximately 48 h, using 10 multiple processors for each numerical
simulation. This high computational effort is incompatible with a practical application for
the numerical simulation of metal cutting. Nevertheless, even simple 2D simulations of the
orthogonal metal cutting using a highly refined mesh shown a similar underestimation
of the feed force. The accuracy of the numerical methods seems not to be at stake, but
rather the concept of which physico-chemical phenomena should or should not be consid-
ered in the numerical modelling of metal cutting. The availability of numerical features
in the commercial codes to couple these physico-chemical phenomena is also of utmost
importance to establish a realistic numerical model of metal cutting. However, despite
only the cutting force can be accurately predicted, the underestimation of the secondary
vector components can be minimized considering that the relative difference between the
experimental measurements and the numerical estimates is about 30%. This is perhaps one
of the main results of the present investigation, clarifying the influence of tribo-mechanical
modelling and numerical methods on the estimates accuracy, pointing out the need to
investigate the physico-chemical phenomena in the singularity zones of the chip formation
mechanism.

7. Conclusions

In metal cutting modelling, the input data calibration has always relied on the uniaxial
compression testing given its state-of-stress similarity and due to being the most effective
way of achieving large plastic strains. As an additional benefit, uniaxial compression also
allows mechanical testing in extreme mechanical conditions, resembling those in metal
cutting processes. Friction models can also be calibrated by the ring uniaxial compression
test over the same range of operative conditions. In this part of the study, special focus has

222



J. Manuf. Mater. Process. 2021, 5, 83

been on identification of the individual contribution of each phenomenon involved in the
tribo-mechanical mechanism. The proposed optimization-based methodology showed to
be effective in subtracting the friction-dissipated energy of the experimentally determined
flow stress, as well in precise determination of the friction coefficient under extreme
mechanical conditions. This tribo-mechanical characterization made it possible to partly
cover the deficit in the scientific literature on the material behavior over wide ranges in
temperature and strain-rates for AMed 18Ni300 maraging steel.

Looking at the scientific literature, there are cases where the traditional calibration
methodologies seem unable to provide accurate input data values, with negative impact on
the numerical simulation results. In general, this occurs when the material plastic behavior
is highly sensitive to the stress triaxiality. This sensitivity was observed in the tested AMed
18Ni300 maraging steel and is compatible with similar materials in the literature from both
AMed and conventional metallurgical conditions. The input data calibrated exclusively on
the basis of uniaxial compression tests provided numerical overestimates around 30% for
the cutting forces. In most cases, this accuracy level is sufficient to carry out a sensitivity
analysis to the process parameters, such as the study on the impact of AMed materials
on the metal cutting forces and chip morphology. This research showed that where more
accurate estimates are to be produced, it is helpful do have a better understanding of the
plastic flow and the damage evolution associated with the manufacturing process.

An adequate constitutive model and well determined coefficients are the major key
points in metal cutting modelling in order to better describe the tribo-mechanical response
of the materials. The better the tribo-mechanical response is captured by the model, the
better the accuracy of numerical estimates from the metal cutting simulations. How-
ever, a complete calibration of a constitutive model for general application, such as in
sheet metalworking, bulk metalworking and metal cutting, is a complex an extremely
time-consuming process. The proposed methodology demonstrated that the calibration
procedure can be efficiently managed and simplified when the nature of the manufacturing
process is considered. The almost perfectly plastic behavior of the maraging steel also
exposed the inadequacy of the previously selected Johnson–Cook hardening law (first term
of Equation (1)), and thus a Swift-Voce model was successfully employed even though its
simplicity.

The proposed calibration methodology proved to efficiently provide accurate input
data for the tribo-mechanical constitutive models by numerically reproducing all mechan-
ical testing results successfully. Nevertheless, the simple orthogonal cutting test under
controlled laboratorial conditions was also necessary for validation of the implemented
numerical model for metal cutting simulation. It should be noted that the tribological
condition of the ring compression test differs from the metal cutting due the existence of
metallic oxides and thus a slight variation in the friction coefficient was to be expected.
The friction coefficient was adjusted upwards by about 9% in order to better reproduce the
experimental chip curling. Its sensitivity to strain rate and interface temperature was kept
constant to that determined by the tribo-mechanical testing. Finally, the smooth cylindrical
and the cylindrical-notch tests under tensile loading have been shown to be relevant for
additional accuracy in the numerical prediction of the chip types and surface integrity.

The critical damage value required for chip separation is always maintained ahead
of the cutting edge, but similar values are also found to occur along the rake surface of
the cutting tool. This means that more damage accumulation can occurs after the material
passes through out the primary shear zone. The existence of high levels of ductile damage
along the rake surface of the cutting tool is not expected to promote new crack formation
because this region of the chip is subjected to compressive hydrostatic stresses which
inhibit crack formation. However, the chip acquires more curl as it passes through the
primary deformation zone and departure from the rake surface. The material located
outside the uncut chip thickness (inner side of curvature) experiences a different damage
path under positive stress triaxiality. Thus, initiation and propagation of cracks from the
outside the uncut chip thickness to the inside chip bulk is possible to happen and it occurs
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for a variable critical damage value, demanding tensile testing on easy-to-test cylindrical
samples. The chip type and its curvature radius value are probably defined by an energy
compromise between the plastic work, the amount of frictional work and the initiation
of new surfaces/cracks. Future research at the constitutive modelling shall consider, in
addition to damage mechanics, the contribution of the additional energy required to
form new surfaces on metal cutting. Likewise, the establishment of new experimental
methodologies to characterize the fracture toughness under similar operative conditions as
those observed in machining processes.

Finally, though not less important, the double notched plane strain specimen had a cen-
tral role in the inverse calibration methodology of the flow stress curve and critical damage
values under plane strain conditions. This has the advantage of generating both negative
and positive stress triaxiality values for the calibration of the coupled damage-plasticity
constitutive model. Few double notched specimens were necessary as the previous cali-
brated mechanical model, based on uniaxial compression tests, served as an initial reference
for the optimization-based procedure for determination of the plasticity model coefficients
and damage initiation coefficients. The number of double notched specimens needed to
perform the inverse calibration is of importance for industrial applications that demand a
rapid effective response. The time taken in the inverse calibration procedures depends on
its quantity, geometrical variants, and experimental repeatability. It is worth noting the
high volume of these specimens and elevate price per kilo of the additively manufactured
material to test; Furthermore, most of this material to be removed by machining. Each
specimen requires a different geometry to allow different stress triaxiality values (pressure
angles), thus a different manufacturing setup is required for each specimen. All this makes
the double notched specimen much more expensive than the uniaxial compression cylin-
ders. From the point of view of the authors, the double notched plane strain specimens
can be improved through adoption of a simple, unique, and standard specimen geometry
that allows the control of the triaxiality value by the testing machine. The adaptation to
the specimen geometry should also take in account the notch geometry to enable a direct
characterization of the fracture toughness values.
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AM Additive manufacturing
AMed Additively manufactured
CC Cylinder compression
CM Conventional manufacturing
CMed Conventionally manufactured
CS Cylinder shear
CT Cylinder tensile
FE Finite element
FEM Finite element method
HiPIMS High power pulsed magnetron sputtering
JC Johnson–Cook
NCT Notched cylinder tensile
NPS Notched plane strain
OC Orthogonal cutting
PM Powder metallurgy
PVD Physical vapor deposition
SHPB Split-Hopkinson pressure bar
S-V Swift-Voce
α Material hardening parameter
αr Tool rake angle
αT Thermal expansion
βv Material hardening parameter
cp Specific heat
.
ε Strain rate
ε0 Material hardening parameter
.

ε0 Reference strain rate
ε f Damage initiation strain
εp Equivalent plastic strain
γ f Tool relief angle
η Stress triaxiality
λ Thermal conductivity
μ Coulomb friction parameter
θ Lode angle parameter
ρ Density
σ Equivalent plastic stress
A Material hardening parameter
a Notched tensile specimens effective diameter
ap Depth of cut
B Material parameter
C Material parameter
d Diameter
d1 to d5 Material parameters (Johnson–Cook damage law)
E Young’s modulus
Fc Cutting force
Ff Feed force/longitudinal force
Ft Penetration force/radial force
f Feed rate
Gf Critical damage dissipation energy
h height
K Material hardening parameter
Kc Specific cutting pressure
k0 Material hardening parameter
L Characteristic length
m Material hardening parameter
n Material hardening parameter
R Tensile specimens notch outer radius
Q Material hardening parameter
S Stress (von Mises)
T0 Room temperature
t0 Uncut chip thickness
Tm Melting temperature
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