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Daniele Sette, Stéphanie Girod, Renaud Leturcq, Sebastjan Glinsek and Emmanuel Defay

Transparent Ferroelectric Capacitors on Glass
Reprinted from: Micromachines 2017, 8, 313, doi: 10.3390/mi8100313 . . . . . . . . . . . . . . . . . 37

Jian Yang, Chaowei Si, Fan Yang, Guowei Han, Jin Ning, Fuhua Yang and Xiaodong Wang

Design and Simulation of A Novel Piezoelectric AlN-Si Cantilever Gyroscope
Reprinted from: Micromachines 2018, 9, 81, doi: 10.3390/mi9020081 . . . . . . . . . . . . . . . . . 43

Huaxian Wei, Bijan Shirinzadeh, Wei Li, Leon Clark, Joshua Pinskier and Yuqiao Wang

Development of Piezo-Driven Compliant Bridge Mechanisms: General Analytical Equations
and Optimization of Displacement Amplification
Reprinted from: Micromachines 2017, 8, 238, doi: 10.3390/mi8080238 . . . . . . . . . . . . . . . . . 51

Kai Li, Jun-Kao Liu, Wei-Shan Chen and Lu Zhang

Influences of Excitation on Dynamic Characteristics of Piezoelectric Micro-Jets
Reprinted from: Micromachines 2017, 8, 213, doi: 10.3390/mi8070213 . . . . . . . . . . . . . . . . . 64

Kai Li, Jun-kao Liu, Wei-shan Chen and Lu Zhang

Comparative Influences of Fluid and Shell on Modeled Ejection Performance of a
Piezoelectric Micro-Jet
Reprinted from: Micromachines 2017, 8, 21, doi: 10.3390/mi8010021 . . . . . . . . . . . . . . . . . 76

Tao Chen, Yaqiong Wang, Zhan Yang, Huicong Liu, Jinyong Liu and Lining Sun

A PZT Actuated Triple-Finger Gripper for Multi-Target Micromanipulation
Reprinted from: Micromachines 2017, 8, 33, doi: 10.3390/mi8020033 . . . . . . . . . . . . . . . . . 88

Georg Pfusterschmied, Javier Toledo, Martin Kucera, Wolfgang Steindl, Stefan Zemann,

Vı́ctor Ruiz-Dı́ez, Michael Schneider, Achim Bittner, Jose Luis Sanchez-Rojas and Ulrich

Schmid

Potential of Piezoelectric MEMS Resonators for Grape Must Fermentation Monitoring †

Reprinted from: Micromachines 2017, 8, 200, doi: 10.3390/mi8070200 . . . . . . . . . . . . . . . . . 99

Yuanyuan Yu, Hao Luo, Buyun Chen, Jin Tao, Zhihong Feng, Hao Zhang, Wenlan Guo and

Daihua Zhang

MEMS Gyroscopes Based on Acoustic Sagnac Effect †

Reprinted from: Micromachines 2017, 8, 2, doi: 10.3390/mi8010002 . . . . . . . . . . . . . . . . . . 111

v
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Electromechanical transducers that utilize the piezoelectric effect have been increasingly used
in micro-electromechanical systems (MEMS) either as substrates or as thin films. Piezoelectric
transducers feature a linear voltage response, no snap-in behaviour, and can provide both attractive
and repulsive forces. Such features remove the inherent physical limitations present in the commonly
used electrostatic transducer approach while preserving its beneficial properties such as low-power
operation. Furthermore, piezoelectric materials are suitable for both actuation and sensing purposes;
in addition to their compact design, they enable pure electrical excitation as well as read-out of the
transducer element. On the basis of these characteristics, the operation of piezoelectric transducers suits
a large variety of different application scenarios, ranging from resonators in advanced acoustic devices
in liquid environments to sensors in harsh environments. To uncover the full potential of piezoelectric
MEMS, interdisciplinary research efforts in a variety of subjects are needed, including investigations of
advanced piezoelectric materials with regard to the design of novel piezoelectric MEMS sensor and
actuator devices as well as the integration of PiezoMEMS devices into full low-power systems.

This special issue covers contributions to the current state of this exciting field of research in the
following topics:

1. Experimental and theoretical research on the deposition, properties, and actuation structures of
piezoelectric materials such as aluminum nitride (AlN) and lead zirconate titanate (PZT) with
a focus on the application in MEMS devices. An et al. [1] presented an explanation of the causes of
hysteresis effects in piezoelectric ceramic actuators using micropolarization theory. By employing
a control method based on a tripartite Prandtl-Ishlinskii (PI) model, An et al. could improve the
tracking performance by more than 80%. In addition, Qin et al. proposed a modification of the PI
model which allows for the identification of all parameters of the hysteresis model through one
set of experimental data, without the need for additional curve fitting [2]. Sette et al. [3] developed
fully transparent PZT thin film capacitors contacted via Al-doped zinc oxide (AZO), which can be
utilized to add new functionalities to transparent surfaces, such as providing in-display actuation
for haptic feedback in mobile devices.

2. Modelling and simulation of piezoelectric MEMS devices and systems. Yang et al. [4] proposed
and simulated a novel AlN on silicon cantilever gyroscope based on inversely connected electrode
stripes, which offers a theoretical sensitivity of 0.145 pm/◦/s at a small device footprint. Wei et al.
established [5] general analytical equations based on a kinematic analysis of compliant bridge
mechanisms, which were then used to optimize a piezo-driven compliant bridge mechanism.
Li et al. [6] presented the dynamic characteristics of piezoelectric micro jets by utilizing a direct
coupling simulation approach, including the impact of inlet and viscous losses. In a second
paper, Li et al. [7] analyzed the impact of fluid density and acoustic velocity on the micro jet
performance. Chen et al. [8] simulated and experimentally validated a PZT-actuated, triple-finger
gripper, which reached an output resolution of 145 nm/V at a maximum displacement range of
43.4 μm.

3. Piezoelectric MEMS resonators for measuring physical quantities such as mass, acceleration, yaw
rate, as well as the pressure, viscosity, or density of liquids. Pfusterschmied et al. [9] demonstrated

Micromachines 2018, , 237 1 www.mdpi.com/journal/micromachines
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that piezoelectric MEMS resonators with high quality factors in liquids can be used to monitor
the change in grape must during wine fermentation, which is a direct quality indicator of the
fermentation process. Yu et al. [10] presented a unique take on the MEMS gyroscope through use
of the acoustic Sagnac effect, which measured the phase difference between two sound waves
traveling in opposite directions in a circular MEMS structure actuated by PMUTs.

4. Acoustic devices, such as surface acoustic wave (SAW), bulk acoustic wave (BAW), or thin
film bulk acoustic resonators (FBARs) as well as acoustic transducers, which use piezoelectric
MEMS, such as microphones or loudspeakers. Udvardi et al. [11] proposed a low-volume,
piezoMEMS-based spirally shaped acoustic receptor array. The device is small enough to be used
in cochlear implants while maintaining a good low-frequency response with output voltages
high enough for direct analog conversion. Mansoor et al. [12] presented a transduction system for
extremely fast system dynamics, which can create stationary as well as traveling surface waves in
a turbulent boundary layer.

5. Piezoelectric energy harvesting technologies. Xu et al. [13] presented a hybrid meso-scale energy
harvesting device, which combines both piezoelectric and electromagnetic harvesting schemes;
under certain conditions, this hybrid approach can provide wider bandwidths and higher output
power for vibrational energy harvesters.
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Abstract: Piezoelectric ceramic actuators have been widely used in nanopositioning applications
owing to their fast response, high stiffness, and ability to generate large forces. However, the existence
of nonlinearities such as hysteresis can greatly deteriorate the accuracy of the manipulation, even
causing instability of the whole system. In this article, we have explained the causes of hysteresis
based on the micropolarization theory and proposed a piezoelectric ceramic deformation speed law.
For this, we analyzed the piezoelectric ceramic actuator deformation speed law based on the domain
wall theory. Based on this analysis, a three-stage Prandtl–Ishlinskii (PI) model (hereafter referred
to as tripartite PI model) was designed and implemented. According to the piezoelectric ceramic
deformation speed law, this model makes separate local PI models in different parts of piezoelectric
ceramics’ hysteresis curve. The weighting values and threshold values of the tripartite PI model
were obtained through a quadratic programming optimization algorithm. Compared to the classical
PI model, the tripartite PI model can describe the asymmetry of hysteresis curves more accurately.
A tripartite PI inverse controller, PI inverse controller, and Preisach inverse controller were used
to compensate for the piezoelectric ceramic actuator in the experiment. The experimental results
show that the inclusion of the PI inverse controller and the Preisach inverse controller improved the
tracking performance of the tripartite PI inverse model by more than 80%.

Keywords: piezoelectric actuators; hysteresis nonlinearity; Prandtl–Ishlinskii (PI) model; hysteresis
compensation; micropolarization

1. Introduction

In recent years, the rapid development of ultraprecision machining technology has led to
higher positioning accuracy standards of the micropositioning platform driven by some functional
materials such as piezoelectric ceramics. Piezoelectric ceramics actuators (PCAs) have been widely
used in precision positioning applications, such as scanning and microscopic technologies [1,2],
micromanipulators [3], atomic force microscopes [4–6], and ultraprecision machine tools [7,8]. This is
because of their ability to achieve high precision and versatility to be implemented over a wide
range of applications [9]. However, the existence of hysteresis in PCAs often limits the operation
performance of the actuators. Therefore, it is highly desirable to compensate for the hysteresis so
that the piezoelectric devices can have a virtually linear relationship, or one-to-one mapping between
the control signal and the output displacement [10]. Figure 1 presents the relationship between the
displacement and the voltage across a piezoelectric actuator. It can be seen from the figure that
when the voltage is applied across the piezoelectric ceramic, the step-up displacement curve does not
coincide with the step-down displacement curve, and the displacement does not return to zero after
the applied voltage is reduced to zero. This phenomenon is called the piezoelectric ceramic hysteresis
phenomenon. This means that the actuator output displacement depends not only on the input or

Micromachines 2018, 9, 44 4 www.mdpi.com/journal/micromachines
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applied voltage at the present time, but also on the input history [11]. The intrinsic nonlinear and
multivalued hysteresis in the piezoelectric actuator has the potential to cause an inaccuracy in, or even
instability of, its applied system. The maximum error resulting from the hysteresis can be as much as
10–15% of the path covered [12]. It is obvious from the above analysis that the available approaches for
the identification of piezoelectric-actuated stages containing the hysteresis and linear dynamics are
still an open problem [13]. Therefore, establishing a precise control model of piezoelectric ceramics,
and (based on this model) controlling the hysteresis nonlinearity of piezoelectric ceramics so as to
improve the control precision of piezoelectric ceramics, has become a hot issue discussed by many
scholars, globally [14,15].
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Figure 1. Hysteresis characteristic of a piezoelectric ceramic.

As increasingly more researchers focus on PCAs, there have been numerous attempts to use
models to compensate for hysteresis. These are broadly divisible into two, namely, physics-based
models (white/gray box) and phenomenological models (black box) [16]. The physics-based models
are derived from the physical means of the hysteresis and can be strictly verified. The physical
model refers to a scientific concept that is abstracted out from a large number of experiments for the
convenience of research, excluding secondary factors and highlighting the main factors. One of the
advantages of physics-based models is their clear physical meaning. However, due to the complicated
form, physics-based models are not commonly used in the control of PCAs [17]. The commonly used
hysteresis models based on the hysteresis nonlinearity of piezoelectric ceramics are the Jiles–Atherton
(J–A) model [18] and the Maxwell model [19]. Malczyk et al. proposed an extension of the J–A model,
as the J–A magnetic hysteresis model, to describe the hysteresis curve narrowing phenomenon in
ferrite ZnMn material. Their new model permits the inclusion of a wide variety of additional effects
observed in ferromagnetic materials without invalidating the well known and broadly used J–A model
parameters. Experiments prove the feasibility of this method [20]. Liu et al. presented a Maxwell model
to describe the hysteresis in a piezoelectric actuator. They studied the effect of the number of elements
and presented both the forward and inverse algorithms. Further, they used the inverse Maxwell
model and obtained almost linear performances of the hysteresis compensation. The results of their
experiment validate the effectiveness of the proposed algorithm and showed a reduction in hysteresis
nonlinearity from 13.8 to 0.4% [21]. Phenomenon-based models are the ones in which researchers
generalize and summarize input and output data and the phenomena of practical experiments, utilizing
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mathematical methods to directly build a mathematical model to satisfy the experiment rule regardless
of the physical meaning, such as the Preisach model [22], the Prandtle–Ishlinskii (PI) model [23],
the Duhem model [24], and the Bouc–Wen model. Song et al. proposed a novel modified Preisach
model to identify and simulate the hysteresis phenomenon observed in a piezoelectric stack actuator.
Their approach can handle a varying-frequency dependence by employing a time-derivative correction
technique. Parameter estimation and model verification demonstrated high accuracy of the derived
model, keeping the deviation in a low percentage range (about 2–3%) [16]. Lin et al. reformulated the
Bouc–Wen model, the Dahl model and the Duhem model as a generalized Duhem model to compare
the performances of variant hysteresis models with respect to the tracking reference. Since the Duhem
model includes both the electrical and mechanical domains, it has a smaller modeling error compared
to the other two hysteresis models. Finally, a real-time experiment confirmed the feasibility of their
proposed method [25]. Wang et al. proposed a novel modified Bouc–Wen (MBW) model to describe the
asymmetric hysteresis of a piezoelectric actuator. They used a polynomial-based non-lag component
to realize the asymmetric hysteresis property. The results demonstrate that their model is superior
to its competitors’ models in describing the asymmetric hysteresis of a piezoelectric actuator [26].
However, the lack of a physical meaning makes the above-mentioned model difficult to understand.
Simultaneously, none of the abovementioned models reveal the cause of hysteresis from a microscopic
point of view, thus, modeling errors in these modeling methods are inevitable.

In this study, we first analyze the causes of the hysteresis based on the micropolarization
mechanism. Then, by observing the hysteresis curve of piezoelectric ceramic and establishing the
deformation speed law of piezoelectric ceramics, we explain the deformation rate of piezoelectric
ceramics at different stages, making use of the nucleation rate of microscopic domain evolution.
After that, according to the proposed piezoelectric ceramic deformation speed law, we split and then
recombined the play operator, and the improved PI model is proposed. Finally, the improved PI model
is compared with the traditional PI model and Preisach model. The experimental results show that the
accuracy of the improved PI model is increased by more than 80% as compared to the traditional PI
model and Preisach model.

This paper is organized as follows: Section 2 describes hysteresis based on the microscopic
polarization mechanism and domain wall theory, and reveals the cause of hysteresis from the
microscopic point of view. A novel piezoelectric ceramic deformation speed law is proposed, and its
analysis presented in Section 3. Section 4 presents the proposed tripartite PI model based on the
deformation rate law of piezoelectric ceramics. A contrast experiment with traditional PI model and
Preisach model is presented in Section 5. Finally, Section 6 provides a summary of discussion and
future works.

2. Causes of Hysteresis

2.1. Micromechanism

The piezoelectric ceramics are obtained from ferroelectric ceramics after the polarization treatment,
and thus, the property of piezoelectric ceramics is consistent with those of ferroelectric piezoelectric
dielectric materials. Under the influence of an electric field, they have electrostriction effect, inverse
piezoelectric effect, and ferroelectric effect [27].

The electrostriction effect is caused by dielectric polarization. In the presence of an electric
field, dielectric molecules get polarized, thereby generating dielectric stress and the corresponding
deformation. However, due to the strong mutual attraction between the nucleus and the electrons,
the applied electric field is not sufficient to destroy the dielectric property; moreover, compared
with the piezoelectric effect, the electrostrictive coefficient is several orders of magnitude smaller
than the piezoelectric coefficient; hence, the electrostriction effect is extremely weak in the macro
performance [28], and therefore, the output displacement of the piezoelectric ceramic can be ignored.

6
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Curie brothers while studying quartz crystals in 1880 detected crystal deformation [29]. Under the
effect of an external force, the surface of the crystal will have polarized charges when a mechanical
force is applied. This appearance of electrical polarization is called direct piezoelectric effect, as shown
in Figure 2a. On the contrary, if an electric field is applied to the piezoelectric crystal, the crystal not
only produces polarization, but also produces deformation. This phenomenon of deformation caused
by the electric field is called the inverse piezoelectric effect, as shown in Figure 2b. Piezoelectric ceramic
output displacement feature is due to the inverse piezoelectric effect. In general, inverse piezoelectric
effect can be expressed as

S = dE (1)

where S is the strain due to the electric field, d is the piezoelectric constant, and E is the applied electric
field strength. The inverse piezoelectric effect can be deduced from the above equation, is linear,
and there are no hysteresis characteristics.

 
(a) (b)
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Figure 2. Piezoelectric effect diagram (Red dashed lines indicate after deformation): (a) Direct
piezoelectric effect diagram; (b) Inverse piezoelectric effect diagram. The black rectangle represents
the original shape of the piezoelectric ceramic block, and the red dashed rectangle represents the
deformed shape.

Piezoelectric ceramic is a kind of ferroelectric material. Inside the piezoelectric ceramic, in the
presence of an external force, the intrinsic dipole moments of the unit cell are arranged neatly in
the same direction and cause the piezoelectric ceramic crystal to be in a highly polarized state.
Spontaneous polarization in ferroelectric materials always splits into a series of small regions with
different polarization directions, so that the electric fields established by spontaneous polarization with
the external space offset each other. Therefore, the entire single crystal is nonelectrical. These small
areas with the same direction of spontaneous polarization are called domains. There are usually
four directions inside a piezoelectric ceramic transducer: the 71◦ domain, the 90◦ domain (as shown
in Figure 3), the 109◦ domain, and the 180◦ domain. It should be noted that, for the crystal strain,
only a non-180◦ domain steering contributes to the displacement of the PCAs, while a 180◦ domain
steering has no effect on the volume effect [30]. Spontaneous polarization of the domain will reorient
under the influence of an external electric field. This phenomenon of reorientation of the spontaneous
polarization in a piezoelectric ceramic in the presence of an external electric field is known as the
ferroelectric effect.
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Figure 3. Piezoelectric crystal domain diagram.

Therefore, we define the micropolarization mechanism of a piezoelectric ceramic as if the direction
of the applied electric field in a piezoelectric ceramic is the same as the polarization direction.
Then, the domain inside the piezoelectric ceramic will have a certain degree of steering and elongation
and the boundary of the domain will also produce elongation deformation. Therefore, the piezoelectric
ceramic will have an elongation deformation along the polarization direction (as shown in Figure 4).

 
(a) (b) (c) 

 

Figure 4. Schematic diagram of the spontaneous polarization alignment: (a) before; (b) during; (c) after
presence of an electric field.

2.2. Analysis of the Causes of Hysteresis

When the applied electric field strength exceeds a certain critical field strength (the field strength
that begins to turn the electric domain), the strain of the piezoelectric ceramic (except for the inverse
piezoelectric effect) occurs, thus steering the non-180◦ domain (which is not completely reversible)
and gradually starts to dominate. When the field strength is on the decline, some non-180◦ domains
cannot be restored to the same level as at the time of increasing field strength.

In this study, we assume that N1 is the number of unit cells making non-180◦ domain turns in the
piezoelectric ceramic when the field strength is increased and N2 is the number of unit cells making
non-180◦ domain turns in the piezoelectric ceramic when the field strength is reduced. From the
above analysis, we can conclude that N1 > N2; this partially irreversible non-180◦ domain causes
the hysteresis in the displacement of the PCAs. Furthermore, the greater the field strength, the more
irreversible the non-180◦ domain, and greater the hysteresis displacement of the PCAs.

3. Piezoelectric Ceramic Deformation Speed Law

3.1. Derivation of Deformation Speed Law

We utilized the Renishaw XL-80 (Renishaw plc, Gloucestershire, UK) laser interferometer
(shown in Figure 5) to measure the deformation rate of piezoelectric ceramics for voltages ranging
from 0 V to 150 V. Figure 6 shows the deformation rates of the PCAs for an applied triangle wave
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voltage of 150 V driven by different frequencies. Figure 7 shows the deformation rates of the PCAs for
an applied triangular wave, a sine wave, and a manually added voltage.

As can be seen from Figure 6, although the triangular wave voltage frequency is different,
the three sub-plans followed the same law: the deformation rate in the lift stage is below the timeline
(which is the elongation rate), showing the trend of first increasing and then decreasing with time,
during the boost period. Deformation rate change is not monotonic and the maximum value is taken
as shown by the arrow in the figure. The return deformation rate is above the timeline (which is the
contraction rate), showing an increasing trend over time: in the voltage reduction phase, deformation
rate increases monotonically, with the maximum appearing at the end of voltage reduction phase.
Figure 7 shows that although the applied voltage wave forms are different, the three sub-plans follow
the above law.

 

Figure 5. XL-80 laser interferometer ((Renishaw plc, Gloucestershire, UK)).

(a)

(b)

0 1 2 3 4 5

-4

-2

0

2

4

6

Time/s

Sp
ee

d/
m

/s

The maximum deformation rate in the lift stage

The minimum voltage

The maximum voltage
The minimum voltage

0 0.5 1 1.5 2 2.5

-5

0

5

10

Time/s

Sp
ee

d/
m

/s

The minimum voltage

The maximum deformation rate in the lift stage

The maximum voltage

The minimum voltage

Figure 6. Cont.

9



Micromachines 2018, 9, 44

(c)

0 0.2 0.4 0.6 0.8 1

-20

-10

0

10

20

Time/s

Sp
ee

d/
m

/s

The minimum voltage

The maximum deformation rate in the lift stage

The maximum voltage

The minimum voltage

Figure 6. Deformation rate of piezoelectric actuators at an applied triangle wave voltage of 150 V
and a frequency of (a) 0.2 Hz; (b) 0.4 Hz; (c) 1 Hz. Below the timeline, the voltage is loaded from the
minimum voltage (0 V) to the maximum voltage (150 V). Above the timeline, the voltage drops from
the maximum voltage (150 V) to the minimum voltage (0 V).
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Figure 7. Deformation rate of piezoelectric actuators for an applied voltage of 150 V with frequency
1 Hz in (a) triangular wave form; (b) sign-wave form, u = 150(sinπt/5) positive half cycle; (c) Manually
added, 0 V–150 V–0 V, at steps of 15 V. Below the timeline, the voltage is loaded from the minimum
voltage (0 V) to the maximum voltage (150 V). Above the timeline, the voltage drops from the maximum
voltage (150 V) to the minimum voltage (0 V).

Therefore, we propose the deformation rate law of piezoelectric ceramics: In the phase of voltage
increase, the deformation rate of piezoelectric ceramics first increases and then decreases, and there
is an inflection point voltage. During the voltage drop phase, the deformation rate of piezoelectric
ceramics increases monotonically without the inflection point.

3.2. Analysis of Deformation Speed Law

In 2007, Rabe et al. proposed that when an electric domain turns under the influence of an electric
field, the entire domain is not oriented like a dipole. Instead, the following four stages occur: new
domain nucleation, vertical growth of new domain, horizontal expansion of the new domain, and new
domain merger [31].

In this study, we analyze the above law based on the nucleation rate of microscopic domain
evolution. As already mentioned in Section 2.1, piezoelectric ceramic deformation is due to the internal
electric domain steering. Experiments of predecessors have confirmed that the physical mechanism of
electrical domain inversion is the nucleation process and the nucleation rate of the domain is a function
of the applied electric field [32]. Hence, through the change of nucleation rate, one can obtain the
domain inversion volume change rate. Merz et al. obtained the relationship between the new domain
nucleation rate and the applied load through experiments, generally conducted in the lower electric
field range (E = 0.1 kV/cm–1.0 kV/cm). They found the nucleation rate in line with the exponential
relationship [33]

n1 = k1 exp(
−δ

E
) (2)

In the higher electric field range (E > 1.0 kV/cm), the nucleation rate conforms to the power function

n2 = k2E1.4 (3)

where n1, n2 represent the numbers of nucleations per unit time per unit area, δ is the activation of the
electric field, and k1, k2 are constants.
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We assume that the electric field changes uniformly. Taking saturated electric field as 2Ec, the total
number of domains contained in the piezoelectric ceramic is

N =
∫ Ec

0
k1 exp(

−δ

E
)dE +

∫ 2Ec

Ec
k2E1.4dE (4)

In a certain electric field, flipped domains are only related to the applied electric field.
Therefore, the deformation rate of piezoelectric ceramics at low electric field strengths can be expressed as

α1 =

∫ E
0 k1 exp(−δ

E )dE∫ Ec
0 k1 exp(−δ

E )dE +
∫ 2Ec

Ec
k2E1.4dE

(5)

At high electric field strengths, the deformation rate can be expressed as

α2 =

∫ Ec
0 k1 exp(−δ

E )dE +
∫ E

Ec
k2E1.4dE∫ Ec

0 k1 exp(−δ
E )dE +

∫ 2Ec
Ec

k2E1.4dE
(6)

We define E0, E1, E2, E3 . . . , En-1, En as the field strength points at equal intervals on the axis of
coordinates, while the distance between the two adjacent pressure points is defined as hi = Ei − Ei−1.
Assuming that Ec is an inflection point electric field (can be considered as a constant), and using the
geometric meaning of definite integral, we can get

α1 =

c
∑

i=1
hi exp(−δ

E )

M
(7)

In the formula M =
∫ Ec

0 k1 exp(−δ
E )dE +

∫ 2Ec
Ec

k2E1.4dE, since Ec is a constant, M can also be
considered as a constant. Similarly,

α2 =

m +
n
∑

i=c
hik2E1.4

M
(8)

where m =
∫ Ec

0 k1 exp(−δ
E )dE is also a constant.

As can be seen from Equations (7) and (8), α1 and α2 are electric field functions.
However, the exponential function grows much faster than the power function. Therefore, the growth
rate of α1 is obviously greater than the growth rate of α2, which means that the deformation rate
of the piezoelectric ceramics in the range 0~Ec is greater than the deformation rate of piezoelectric
ceramics in the range Ec~2Ec. In the piezoelectric deformation curve, the deformation speed of the
voltage rise phase first increases and then decreases, and there is an inflection point of deformation
rate. Combining this with the applied voltage period, we can determine the piezoelectric ceramic
hysteresis curve inflection point voltage.

Based on this basic fact, this study proposes a tripartite PI model—a modeling method for the
hysteresis characteristics curves of piezoelectric ceramics.

4. Hysteresis Modeling

Whether in scanning tunneling microscopes, atomic force microscopes, or other precision
positioning systems, quick and accurate positioning of the probe is desired. However, due to hysteresis,
it is difficult for the probes to locate the correct position quickly and accurately. Various ways to reduce
errors and improve the positioning accuracy are currently in practice. In this paper, we discuss the use
of modeling methods, as shown in Figure 8.

From the piezoelectric ceramic hysteresis curve shown in Figure 8, it can be seen that every time
the voltage rises and reduces, a hysteresis error is introduced; however, the maximum error occurs
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in the main hysteresis loop (the distance from A to B in Figure 8). Therefore, in this study, we only
model the main hysteresis loop of the hysteresis curve. As a next step, we will conduct a study on the
remaining displacements of the hysteresis curve.

Figure 8. Piezoelectric ceramic input-output hysteresis curve.

4.1. Play Operator and Prandtle–Ishlinskii Model

The PI hysteresis model can be thought of as consisting of a stack of hysteresis operators.
The mathematical expression for the play hysteresis operator shown in Figure 9a is

y(k) = max{u(k)− r, min[u(k) + r, y(k − 1)]} (9)

where k is the input time, r is the threshold of the play operator, u(k) is the input of the operator,
and y(k) is the output of the operator. The initial value of hysteresis operator is defined as

y(0) = max{u(0)− r, min[u(0) + r, h0]} (10)

If the piezoelectric actuator is started from the power off state, the value of h0 is 0.
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(a) (b)

 

Figure 9. (a) Complete play operator; (b) play operator in practical application.

The PI hysteresis model was established in 1970 by the Russian mathematician Krasnoselskii,
developed from the Preisach model and it was referred to as the PI model. It is formed by different
play operators with different thresholds. The play operator is similar to the hysteresis curve in shape.
Different play operators are multiplied by different weighting values and superimposed on one another
to obtain the piezoelectric ceramic hysteresis PI model. The mathematical expression for the PI model is

Y(k) =
n

∑
i=1

wi × yi(k) =
n

∑
i=1

wi × max{u(k)− ri, min[u(k) + ri, y(k − 1)]} (11)

where wi is the weight of each hysteresis operator in the mathematical sense, n is the number of
operators, Y(k) is the output of the model at the moment k, and ri is the threshold of the hysteresis
operator. The vector form of Equation (11) is

Y(k) = wT × y(k) (12)

where the threshold vector is W = (w1,···, wi,···, wn)T, the state vector of the operator at the moment k
is y(k) = (y1(k),···, yi(k),···, yn(k))T, and the state vector of the operator at initial time is y(0) = (y1(0),···,
yi(0),···, yn(0))T.

In the actual experiment, the step-down phase of the standard play operator is only partially
present in the first quadrant, leading to its limited accuracy in describing the backhaul part of the
hysteresis curve. The input voltage is always positive, which is increased from 0 V, therefore, in actual
modeling, only a portion of the standard play operator is used. The input and output of the unilateral
play operator are completely cuffed in the first quadrant, as shown in Figure 9b. The dotted and solid
lines shown in Figure 9b are the output of the operator during increasing and decreasing voltage times.
For u(k) ≤ r, the output y(k) always remains zero. For an input r ≤ u(k) ≤ umax, the operator output
is u(k) − r. When the input voltage drops from peak umax to umax − 2r, the operator output is umax

− r. After this, the operator output y(k) is u(k) + r, until the voltage drops to zero. The output of the
operator whose threshold r ≥ 0.5umax does not have an output of u(k) + r.

4.2. Traditional PI Modeling and Inverse Model

We define d(k) as the output displacement that corresponds to the input voltage of the piezoelectric
ceramic at time k; the expression of the error signal e(k) at time k is

e(k) = d(k)− Y(k) = d(k)− wT × y(k) = d(k)− yT(k)× w (13)
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The square of the error e(k) is

e2(k) = d2(k)− 2d(k)yT(k)w + wTy(k)yT(k)w (14)

In this study, the accuracy of modeling is measured by the addition of the squared errors
n
∑

k=1
e2(k),

where n is the number of sampling points. The weight vector w of the objective function is obtained
from the quadratic programming algorithm, i.e.,

f (w) =
n
∑

k=1
e2 =

n
∑

k=1
[d(k)− yT(k)]2

=
n
∑

k=1
d2(k)− 2

n
∑

k=1
d(k)yT(k)w +

n
∑

k=1
wTy(k)yT(k)w

(15)

The cross-correlation function row vector RT
xd and autocorrelation function matrix Rxx are

defined as

RT
xd =

n

∑
k=1

d(k)yT(k) (16)

Rxx =
n

∑
k=1

y(k)yT(k) (17)

Equation (15) can now be expressed as

f (w) =
n

∑
k=1

d2(k)− 2RT
xdw + wRxxwT (18)

This indicates that f (w) is a quadratic function of the weight coefficient vector w, which is an
upwardly concave parabolic surface and a function with a unique minimum. The weight coefficient
is adjusted so that f (w) is the minimum, i.e., we find the minimum drop along the curved surface
corresponding to the parabolic path. Here, we use the gradient descent method to find this minimum.

For Equation (18), we take a derivative with respect to the weight coefficient w, and we obtain the
gradient of f (w) as

∇(k) = ∇ f (w)

= −2Rxd + 2Rxxw
(19)

Make ∇(k) = 0, and the optimal weight coefficient vector can be obtained.

w = R−1
xx Rxd (20)

In order to ensure the positive definite of the quadratic matrix, the principle of threshold selection
is rmax < umax, ri =

i
n max|u(k)|, i = 0, 1, 2, · · · , n − 1. Using a program written in MATLAB software

(R2017b, MathWorks, Inc., Natick, MA, USA) for the operation, the parameters of the traditional PI
model are obtained. They are tabulated in Table 1.

The triangular wave form shown in Figure 10 was applied to the piezoelectric ceramic.
The experimental hysteresis curve of the piezoelectric ceramic and the curve obtained using the
traditional PI model along with the error plot are shown in Figure 11. Error analysis using MATLAB

software shows that the mean absolute error of the traditional PI model is δ1 = 1
n

n
∑

k=1
|ek| = 0.13947 μm.
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Table 1. Parameters of the Prandtl–Ishlinskii (PI) model. (i is the number of sampling point, ri is the
threshold of the play operator, wi is the weight of each hysteresis operator in the mathematical sense).

i ri wi

1 0 0.0493
2 15 0.0298
3 30 0.0120
4 45 0.0090
5 60 0
6 75 0
7 90 0
8 105 0
9 120 0

10 135 0

Figure 10. Input voltage of the piezoelectric ceramic actuator.

The inverse PI model is also a PI model. The threshold vector and the weight vector of the
PI inverse model can be calculated using the relationship between the PI model and its inverse

model. The PI model has an analytical inverse, r′i =
i

∑
j=1

wj
(
ri − rj

)
, i = 1, · · · , n; w′

1 = 1
w1

,

w′
i = −wi/

[(
i

∑
j=1

wj

)(
i−1
∑

j=1
wj

)]
, i = 2, · · · , n; ui[0] =

i−1
∑

j=1
wjyi[0] +

n
∑
j=i

wjyj[0], i = 2, · · · , n.

Hence, the output expression of the PI inverse model at the time k is

U(k) =
n

∑
i=1

w′
i × ui(k) =

n

∑
i=1

w′
i × max

{
y(k)− r′i , min

[
y(k) + r′i , u(k − 1)

]}
(21)

Figure 12 shows the experimental hysteresis curves of the piezoelectric ceramic and the ones
obtained using the PI inverse model along with the error plot.
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Figure 11. Hysteresis curve of piezoelectric ceramic actuators and PI model.
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Figure 12. Hysteresis curve of PI inverse model.

Error analysis using MATLAB software shows that the mean absolute error of the traditional

PI inverse model is δ2 = 1
n

n
∑

k=1
|ek| = 0.29435 μm. From the above analysis, we can conclude that the

traditional PI model and its inverse model exhibit large modeling errors.

4.3. Tripartite PI Model Based on the Deformation Rate of Piezoelectric Ceramics

In Section 3.1, we obtained the piezoelectric ceramic deformation speed law, and here, we propose
a tripartite PI modeling method based on this law. As already mentioned in Section 4.1, the step-down
phase of the standard play operator is only partially present in the first quadrant, therefore, the standard
play operator has a limited description of the backhaul of the hysteresis curve. The operator used in
the tripartite PI modeling method is a unilateral play operator. The input and output of the unilateral
play operator are completely limited to the first quadrant, as shown in Figure 13.
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The output expression of unilateral play operator is

{
y(0) = max{u(0)− r, min[u(0), 0]}
y(k) = max{u(k)− r, min[u(k), y(k − 1)]} (22)

Figure 13. Schematic of one side play operator.

The dashed part is the boost part and the solid part is the buck part. The model is based on the
theory presented in Section 3. A data collection experiment of the piezoelectric ceramic hysteresis
curve under the triangle wave pressure provides support for modeling. The inflection point is captured
based on Figures 6 and 7, which show the maximum deformation speed in the rising process.

Modeling steps:

(1) The selection of operators is based on the principles of concave-convex consistency, which means
that in the hysteresis curve, the concave and convex parts of the curve correspond to the boost
part and the depressurization part of the play operator, respectively.

(2) The rising curve rises from zero voltage to the inflection point voltage uif (uif refers to the voltage
indicated by the arrows in Figures 6 and 7), i.e., when the deformation speed rises from 0 to the
maximum. The relationship between the voltage and displacement is described by a single lateral
play operator as shown in Figure 13 (the dotted portion).

(3) The rising curve rises from the inflection voltage uif to maximum voltage umax (umax refers to the
maximum point voltage applied to the piezoelectric ceramic during the whole rising cycle. It is
150 V here). Voltage–position relation in this part is described by a single lateral play operator
as shown in Figure 13 (the solid line). One side play operators and hysteresis curves have a
counter clock directivity. The reducing portion and rising process in the second part manifest the
epirelief characteristic. The reducing portion of play operators point to the origin of coordinates
while the second rising hysteresis curve deviates from it. Therefore, we need to model in reverse
when we use play operators in the reducing part to describe the second rising process of the
hysteresis curve.

(4) The retraced curve’s relation that reduces from the maximum to zero voltage is described by a
single lateral play operator as shown in Figure 13 (the solid line).

The application of operators in respective parts of the hysteresis curves during the model process
are shown in Figure 14.
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Figure 14. Relation of the play operator and the hysteresis curve.

The weight identification algorithm and threshold selection principle are consistent with
Section 4.2. Table 2 shows the identification parameters of the tripartite PI model.

The tripartite PI model also includes the tripartite PI inverse model. Figure 15a,b show the
modeling result of the tripartite PI model and its inverse model, respectively. Through MATLAB
software modeling, we obtained the mean absolute error of the tripartite PI model as

δ3 = 1
n

n
∑

k=1
|ek| = 0.02137 μm.

Table 2. Parameters of tripartite PI model. (i is the number of sampling point, r1 is the threshold of the
first stage play operator, w1 is the weight of the first stage hysteresis operator in the mathematical sense;
r2 is the threshold of the second stage play operator, w2 is the weight of the second stage hysteresis
operator in the mathematical sense; r3 is the threshold of the first stage play operator, w3 is the weight
of the first stage hysteresis operator in the mathematical sense).

i r1 w1 r2 w2 r3 w3

1 0 0.0415 0 0.0529 0 0.0322
2 6.42 0.0097 15 0.0027 15 0.0081
3 12.84 0.0082 30 0.0067 30 0.0054
4 19.26 0.0067 45 0.0022 45 0.0044
5 25.68 0.0051 60 0 60 0.0065
6 32.10 0.0043 75 0 75 0.0039
7 38.52 0.0026 90 0 90 0.0087
8 44.94 0.0016 105 0 105 0.0016
9 51.36 0 120 0 120 0.0009

10 57.78 0 135 0 135 0.0008
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Figure 15. The tripartite PI model and its inverse model: (a) experimental and tripartite PI model
hysteresis curves of a piezoelectric ceramic actuator; (b) experimental and tripartite PI inverse model
hysteresis curves of a piezoelectric ceramic actuator.

It should be noted that the unilateral play operator used for modeling returns to the origin
when the voltage comes back to zero, and the displacement of the tripartite PI model obtained by the
weighted addition of the unilateral play operator is also forced to zero when the voltage drops to zero.
Since the actual hysteresis curve does not return to zero when the voltage drops to zero, the tripartite PI
model shows a high error when the voltage is close to 0 only during the process of reducing pressure.

5. Experiment Results and Discussion

The purpose of the microdisplacement positioning system is to make the expected piezoelectric
ceramic output displacement equal to its actual displacement, as shown in Figure 16.
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Figure 16. Desired relation of expected displacement and actual displacement.

Hence, in order to verify the effect of tripartite PI inverse model on the piezoelectric ceramic
driver’s hysteresis compensation, we designed a piezoelectric ceramic hysteresis model control effect
comparison experiment. The PCA used for this study was the PSt150/4/7VS9 piezoelectric ceramic
made by Core Tomorrow company (Harbin, China). We used the driving power HVA-150D. A3, made
by Harbin Core Tomorrow Science & Technology Co., Ltd., to generate driving power (the input voltage
was in the range of 0 to 150 V and the output displacement was in the range of 0 μm to 9.5 μm) to drive
the piezoelectric ceramic and a Renishaw XL-80 laser interferometer to measure the displacement.
The equipment used for the experiment was as shown in Figure 17. The driving power communicated
with the host computer through the standard parallel port (SPP) parallel communication port. Here, we
refer to the Preisach model parameters used in Song et al.’s study [16] and we used the experimental
data in this study to establish the PCAs Preisach model. The desired displacement was taken as the
input of the PI inverse model, the Preisach inverse model, and the tripartite PI inverse model. Thus, we
got three sets of control voltages. These three sets of voltages were used to control the piezoelectric
ceramic via the driving power. The output displacement was collected and recorded in real time by the
laser interferometer. The control block diagram is shown in Figure 18. After the experiment, the data
was processed and compared.

The results obtained are shown in Figure 19. The mean absolute errors (MAE) of the traditional
inverse PI model, the Preisach inverse model, and the tripartite PI inverse model compensation
controllers are MAE = 0.19019 μm, MAE = 0.10893 μm, and MAE = 0.03549 μm, respectively.
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Figure 17. Experimental setup.

Figure 18. Block diagram of PI inverse model.
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Figure 19. Cont.
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Figure 19. Positioning accuracies of three kinds of inverse models: (a) PI inverse model; (b) Preisach
inverse model; (c) Tripartite PI inverse model.

Figure 20 shows a comparison of the positioning accuracies of the three models. It can be seen
from the figure that the positioning accuracy of the tripartite PI model was higher than that of the
traditional PI model and the Preisach model. Error analysis shows that the positioning accuracy was
improved by more than 80% in the case of the tripartite inverse model when compared to the other
two models. Experiments confirm that the proposed modeling method was effective.
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Figure 20. Comparison of the positioning accuracies of different models.

6. Conclusions

In this study, through the observation of the deformation rate for piezoelectric ceramics during
the process of applying voltage, we arrived at the general law of the deformation rate of piezoelectric
ceramics and this law has a certain universality. The tripartite PI model is proposed on the basis of

23



Micromachines 2018, 9, 44

the deformation rate law. The hysteresis curves of piezoelectric ceramics with different deformation
rate laws are modeled to obtain the tripartite PI inverse model. Since the second segment is inverted,
in the actual control application, the control voltage of the second stage needs to be used in reverse
order. The tripartite PI modeling method does not introduce other parameters and other operators.
The model is simple and easy to construct, and can accurately describe the characteristics of the main
hysteresis loop. The tripartite PI inverse model has even more accurate precision as a series controller
in the micro process and is used in the reverse cycle. Next, we will conduct a study about the remanent
displacement of the hysteresis curve to broaden the scope of application of the model.

Acknowledgments: This study was supported by the Shenyang Jianzhu University (SJZU) Postdoctoral
Innovation Fund Project (SJZUBSH201610); Discipline Content Education Project (XKHY2-26); National-Local
Joint Engineering Laboratory of NC Machining Equipment and Technology of High-Grade Stone (SJSC-2015-13;
SJSC-2016-3); Shenyang Jianzhu University Scientific Research Project (2017019); Colleges and Universities Basic
Research Projects in Liaoning Province (2017).

Author Contributions: Dong An and Ying Xu designed and performed the experiments. Haodong Li analyzed
the data. Lixiu Zhang wrote and reviewed the manuscript.

Conflicts of Interest: The authors declare no conflict of interest.

References

1. Tuma, T.; Lygeros, J.; Kartik, V.; Sebastian, A.; Pantazi, A. High-speed multiresolution scanning probe
microscopy based on Lissajous scan trajectories. Nanotechnology 2012, 23, 185501. [CrossRef] [PubMed]

2. Braunsmann, C.; Schäffer, T.E. High-speed atomic force microscopy for large scan sizes using small
cantilevers. Nanotechnology 2010, 21, 225705. [CrossRef] [PubMed]

3. Bhagat, U.; Shirinzadeh, B.; Tian, Y.; Zhang, D. Experimental analysis of laser interferometry-based robust
motion tracking control of a flexure-based mechanism. IEEE Trans. Autom. Sci. Eng. 2013, 10, 267–275.
[CrossRef]

4. Hansma, P.K.; Schitter, G.; Fantner, G.E.; Prater, C. High-speed atomic force microscopy. Appl. Phys. 2006,
314, 601–602.

5. Tuma, T.; Sebastian, A.; Lygeros, J.; Pantazi, A. The four pillars of nanopositioning for scanning probe
microscopy: The position sensor, the scanning device, the feedback controller, and the reference trajectory.
Control Syst. IEEE 2013, 33, 68–85. [CrossRef]

6. Clayton, G.M.; Tien, S.; Leang, K.K.; Zou, Q.; Devasia, S. A review of feedforward control approaches in
nanopositioning for high-speed SPM. J. Dyn. Syst. Meas. Control 2009, 131, 636–650. [CrossRef]

7. Park, G.; Bement, M.T.; Hartman, D.A.; Smith, R.E.; Farrar, C.R. The use of active materials for machining
processes: A review. Int. J. Mach. Tools. Manuf. 2007, 47, 2189–2206. [CrossRef]

8. Gozen, B.A.; Ozdoganlar, O.B. Design and evaluation of a mechanical nanomanufacturing system for
nanomilling. Precis. Eng. 2012, 36, 19–30. [CrossRef]

9. Huang, S.; Tan, K.K.; Tong, H.L. Adaptive sliding-mode control of piezoelectric actuators. IEEE Trans.
Ind. Electron. 2009, 56, 3514–3522. [CrossRef]

10. Zhu, W.; Rui, X. Hysteresis modeling and displacement control of piezoelectric actuators with the
frequency-dependent behavior using a generalized Bouc–Wen model. Precis. Eng. 2016, 43, 299–307.
[CrossRef]

11. Janaideh, A.; Farhan, M. Generalized Prandtl-Ishlinskii hysteresis model and its analytical inverse for
compensation of hysteresis in smart actuators. Mech. Ind. Eng. 2009, 9, 307–312.

12. Li, P.; Li, P.; Sui, Y. Adaptive fuzzy hysteresis internal model tracking control of piezoelectric actuators with
nanoscale application. IEEE Trans. Fuzzy Syst. 2016, 24, 1246–1254. [CrossRef]

13. Gu, G.Y.; Li, C.X.; Zhu, L.M.; Su, C.Y. Modeling and identification of piezoelectric-actuated stages cascading
hysteresis nonlinearity with linear dynamics. IEEE/ASME Trans. Mechatron. 2016, 21, 1792–1797. [CrossRef]

14. Mokaberi, B.; Requicha, A.A.G. Compensation of Scanner Creep and Hysteresis for AFM Nanomanipulation.
IEEE Trans. Autom. Sci. Eng. 2008, 5, 197–206. [CrossRef]

15. Gu, G.Y.; Zhu, L.M.; Su, C.Y. Integral resonant damping for high-bandwidth control of piezoceramic stack
actuators with asymmetric hysteresis nonlinearity. Mechatronics 2014, 24, 367–375. [CrossRef]

24



Micromachines 2018, 9, 44

16. Song, X.; Duggen, L.; Lassen, B.; Mangeot, C. Modeling and identification of hysteresis with modified
preisach model in piezoelectric actuator. In Proceedings of the IEEE International Conference on Advanced
Intelligent Mechatronics, Munich, Germany, 3–7 July 2017; pp. 1538–1543.

17. Cao, Y.; Chen, X.B. A survey of modeling and control issues for piezo-electric actuators. J. Dyn. Syst.
Meas. Control 2015, 137, 14001. [CrossRef]

18. Jiles, D.C.; Atherton, D.L. Theory of ferromagnetic hysteresis (invited). J. Magn. Mag.Mater. 1986, 61, 48–60.
[CrossRef]

19. Carrera, Y.; Avila-de La Rosa, G.; Vernon-Carter, E.J.; Alvarez-Ramirez, J. A fractional-order Maxwell model
for non-Newtonian fluids. Phys. A Stat. Mech. Its Appl. 2017, 482, 276–285. [CrossRef]

20. Malczyk, R.; Izydorczyk, J. The frequency-dependent Jiles–Atherton hysteresis model. Phys. B Condens.
Matter 2015, 463, 68–75. [CrossRef]

21. Liu, Y.; Liu, H.; Wu, H.; Zou, D. Modelling and compensation of hysteresis in piezoelectric actuators based
on Maxwell approach. Electron. Lett. 2015, 52, 188–190. [CrossRef]

22. Liu, L.; Tan, K.K.; Chen, S.L.; Huang, S.; Lee, T.H. SVD-based Preisach hysteresis identification and composite
control of piezo actuators. ISA Trans. 2012, 51, 430–438. [CrossRef] [PubMed]

23. Hassani, V.; Tjahjowidodo, T.; Do, T.N. A survey on hysteresis modeling, identification and control.
Mech. Syst. Signal Process. 2014, 49, 209–233. [CrossRef]

24. Chen, H.; Tan, Y.; Zhou, X.; Dong, R.; Zhang, Y. Identification of dynamic hysteresis based on duhem model.
In Proceedings of the International Conference on Intelligent Computation Technology and Automation,
Shenzhen, China, 28–29 March 2011; pp. 810–814.

25. Lin, C.J.; Lin, P.T. Tracking control of a biaxial piezo-actuated positioning stage using generalized Duhem
model. Comput. Math. Appl. 2012, 64, 766–787. [CrossRef]

26. Wang, G.; Chen, G.; Bai, F. Modeling and identification of asymmetric Bouc–Wen hysteresis for piezoelectric
actuator via a novel differential evolution algorithm. Sens. Actuators A Phys. 2015, 235, 105–118. [CrossRef]

27. Huang, X.; Zeng, J.; Ruan, X.; Zheng, L.; Li, G. Structure, electrical and thermal expansion properties of
PZnTe-PZT ternary system piezoelectric ceramics. J. Am. Ceram. Soc. 2017, 101, 274–282. [CrossRef]

28. Zhong, W. Physics of Ferroelectrics; Science Press: Beijing, China, 1996; pp. 294–297, 391–394.
29. Bridger, K.; Jones, L.; Poppe, F.; Brown, S.A.; Winzer, S.R. High-force cofired multilayer actuators. Proc. SPIE

1996, 2721, 341–352.
30. Lancée, C.T.; Souquet, J.; Ohigashi, H.; Bom, N. Transducers in medical ultrasound: Part One. Ferro-electric

ceramics versus polymer piezoelectric materials. Ultrasonics 1985, 23, 138. [CrossRef]
31. Rabe, K.M.; Ahn, C.H.; Triscone, J.M. Physics of Ferroelectrics; Springer: Berlin/Heidelberg, Germany, 2007;

pp. 203–234.
32. Merz, W.J. Domain Formation and Domain Wall Motions in Ferroelectric BaTiO3 Single Crystals. Phys. Rev.

1954, 95, 690–698. [CrossRef]
33. Merz, W.J. Switching Time in Ferroelectric BaTiO3 and Its Dependence on Crystal Thickness. J. Appl. Phys.

1956, 27, 938–943. [CrossRef]

© 2018 by the authors. Licensee MDPI, Basel, Switzerland. This article is an open access
article distributed under the terms and conditions of the Creative Commons Attribution
(CC BY) license (http://creativecommons.org/licenses/by/4.0/).

25



micromachines

Article

Modeling and Identification of the Rate-Dependent
Hysteresis of Piezoelectric Actuator Using a Modified
Prandtl-Ishlinskii Model

Yanding Qin 1,2,*, Xin Zhao 1,2 and Lu Zhou 1,2

1 Institute of Robotics and Automatic Information System, Nankai University, Tianjin 300350, China;
zhaoxin@nankai.edu.cn (X.Z.); zhoulu@nankai.edu.cn (L.Z.)

2 Tianjin Key Laboratory of Intelligent Robotics, Nankai University, Tianjin 300350, China
* Correspondence: qinyd@nankai.edu.cn; Tel.: +86-22-2350-5960

Academic Editors: Ulrich Schmid and Michael Schneider
Received: 20 December 2016; Accepted: 29 March 2017; Published: 4 April 2017

Abstract: Piezoelectric actuator (PEA) is an ideal microscale and nanoscale actuator because of its
ultra-precision positioning resolution. However, the inherent hysteretic nonlinearity significantly
degrades the PEA’s accuracy. The measured hysteresis of PEA exhibits strong rate-dependence
and saturation phenomena, increasing the difficulty in the hysteresis modeling and identification.
In this paper, a modified Prandtl-Ishlinskii (PI) hysteresis model is proposed. The weights of the
backlash operators are updated according to the input rates so as to account for the rate-dependence
property. Subsequently, the saturation property is realized by cascading a polynomial operator
with only odd powers. In order to improve the efficiency of the parameter identification, a special
control input consisting of a superimposition of multiple sinusoidal signals is utilized. Because the
input rate of such a control input covers a wide range, all the parameters of the hysteresis model
can be identified through only one set of experimental data, and no additional curve-fitting is
required. The effectiveness of the hysteresis modeling and identification methodology is verified on
a PEA-driven flexure mechanism. Experimental results show that the modeling accuracy is on the
same order of the noise level of the overall system.

Keywords: piezoelectric actuator; hysteresis; rate-dependence; Prandtl-Ishlinskii

1. Introduction

Piezoelectric actuator (PEA) has been widely utilized in ultra-precision positioning and
manipulation applications due to its sub-nano motion resolution, high output force and fast response
capabilities [1]. However, the disadvantages of the PEA are also distinct: (1) the PEA can be easily
damaged by large bending torques or external impacts as the material is brittle; (2) the stroke of the
PEA is very limited. The ratio between the stroke and the length of the PEA is typically on the level of
10 μm/cm; and (3) the inherent rate-dependent hysteretic and creeping nonlinearities significantly
degrade the PEA’s motion accuracy. In practice, flexure-based displacement amplification mechanisms
are generally adopted to magnify the stroke of the PEA, such as the flexural lever mechanism and
the flexural Scott-Russell mechanism [2,3]. Capacity-based, laser-based sensors and strain gauges are
generally utilized to measure such small displacements. For the motion control of PEAs, the hysteresis
can be compensated using either the modeling-inversion based approaches [4–6] or the model-free
feedback control [7]. Unlike the hysteresis, the creep is the slow drift of the PEA’s output over time
that can be easily compensated through the feedback control.

Hysteresis modeling and compensation have been extensively investigated in recent decades.
One widely employed hysteresis model is the Preisach model [8–10] which describes the hysteresis
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phenomenon through a double integral. The Preisach model can be used for hysteresis compensation
and very high motion accuracy can be achieved if it is combined with other feedback controllers [11].
As the modeling accuracy of the Preisach model is highly related to the segmentation of the α-β plane,
one needs to increase the model’s order to obtain higher modeling accuracy. Another widely employed
hysteresis model is the Prandtl-Ishlinskii (PI) model [12,13]. The PI model is becoming more and more
popular due to its simplicity in formulation, high modeling accuracy, and theoretical reversibility in
the rate-independent form, making it attractive in real-time implementations. It must be noted that the
classical PI model is static and symmetrical about the loop center. However, the measured hysteresis
of the PEA exhibits strong rate-dependence and asymmetry (saturation) properties. Rate-dependence
is the phenomenon in which the measured hysteresis curve of a PEA will become wider with the
increment of the input rate. And the measured hysteresis curve of a PEA is not strictly symmetrical
about its loop center, which is defined as the saturation property. These factors significantly increase
the difficulty in hysteresis modeling and compensation. In literature, different modifications have
been made to the classical PI model to better fit the saturation and rate-dependence properties of the
measured hysteresis of PEAs [12,14–16].

The strong couplings between the hysteretic and creeping nonlinearities and the linear dynamics
of a PEA make it impossible to isolate the hysteretic nonlinearity from its linear dynamics. Further,
the output of a PEA is also susceptible to many factors, such as the preload force, the external load,
and the dynamics of the transmission chains. This makes it difficult to precisely predict the behavior of
a PEA if only a hysteresis model or a dynamics model is constructed. Therefore, an integrated model of
both the linear dynamics and the nonlinear hysteresis will significantly improve the modeling accuracy
of a PEA. In the research work of Hassani and Tjahjowidodo [17], both the dynamics of the mechanism
and the hysteresis of the PEA are modeled and integrated together as a full hysteresis-dynamics
model, where the hysteretic response of the PEA is adopted as the input to the linear dynamics of the
mechanism. The combination of both the linear dynamics and nonlinear hysteresis obviously increases
the modeling accuracy of the overall system.

The PEA’s dynamics is very important in the scanning- or vibration-based applications where the
PEA moves very fast, such as the atomic force microscope and ultrasonic motor. However, in many
micro and nano scale manipulations, such as in the manipulation and characterization of living
cells [18,19], the endeffector follows the motion of the master operator’s hand, or moves very slowly,
typically on the order of several Hertz. For these very slow motions, the PEA’s dynamics is not obvious
and the PEA’s hysteresis becomes the dominant factor affecting the behavior of the overall system.
Therefore, the hysteresis modeling and compensation is important to improve the performance of such
systems. This paper focuses on the hysteresis modeling and identification of such systems. In our
previous work [20], the saturation property was accounted for by the use of a polynomial operator,
and the rate-dependence property was accounted for by varying the weight vector of the PI model
according to the input rate. Although very high modeling accuracy was achieved, the threshold vector
was still manually assigned. As a result, a trial and error process was inevitable, and a high level of
knowledge on the characteristics of the PEA’s hysteresis was required. From the practitioner’s point of
view, it is desirable to eliminate such a complex modeling and identification process to achieve ease
of use in real implementations. In order to improve the applicability of the hysteresis modeling and
compensation method proposed in our previous work [20], this paper aims to eliminate all the manual
interventions during the parameter identification process. As a result, one only has to check the bounds
of the input range from the manual of the PEA and select the order of the hysteresis model, and no
other post processing or manual intervention is required during the parameter identification process.

2. Materials and Methods

2.1. Materials

A three degrees-of-freedom (DOF) flexure mechanism presented in [21] is utilized for the
hysteresis modeling and verification in this paper. This mechanism is actuated by three PEAs (Model
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PZS001 from Thorlabs (Newton, NJ, USA)). The input range of the PEA is 0–10 V and the maximum
displacement of the PEA is 11.6 ± 2.0 μm. The displacement of the PEA is measured by the strain
gauges attached on the PEA in a full Wheatstone bridge configuration. The control voltages are exerted
on the PEA through a piezo driver (Model MDT693B from Thorlabs). The data acquisition task is
implemented on a PXI platform (Model 1082 equipped with a PXI-8135 controller, a PXIe-6363 data
acquisition card and a TB-4330 bridge amplifier, all from National Instruments (Austin, TE, USA)) and
runs in the real-time environment of Labview (Version 2014 SP1, National Instruments). As shown
in Figure 1, the overall system is mounted on an optical table to isolate the ground disturbances.
The noise level of the system is measured to be 100 nm. For the parameter identification and validation
in this paper, different control signals are exerted on the PEA in one axis of the mechanism and the
resultant extension of the PEA is measured by the strain gauges.

 

PXI platform 

PEA-driven flexure mechanism Optical table 

Piezo driver 

Figure 1. The experimental setup of the overall system.

2.2. Modified Prandtl-Ishlinskii Hysteresis Model

2.2.1. Classical Prandtl-Ishlinskii Model

The basic component of all PI-based hysteresis models is the backlash operator in the
following formulation:

Hr(u, t) = max{x(t)− r, min{u(t) + r, Hr(t − T)}}
Hr(u, 0) = max{u(0)− r, min{u(0) + r, 0}} (1)

where Hr(u,t) denotes the backlash operator, u(t) and y(t) represent the input and output of the backlash
operator, respectively, r is the threshold of the backlash operator, t is the current time, and the system
runs with a sampling period of T. The initial condition can be set to zero as a PEA is typically activated
from its de-energized state.

The classical PI model is defined as the weighted superposition of n backlash operators, i.e.,

z(t) =
n

∑
i=1

wi Hri(u, t) = [w1, w2, ..., wn] · [Hr1(u, t), Hr2(u, t), ..., Hrn(u, t)]T = wT · Hr(u, t) (2)

where z(t) is the output of the classical PI model, n is defined as the order of the PI model,
w = [w1, w2, . . . , wn]T and Hr(u,t) = [Hr1(u,t), Hr2(u,t), . . . , Hrn(u,t)]T are the weight vector and the
backlash operator vector, respectively.

2.2.2. Modeling of the Saturation Property

It is noted that the classical PI model shown in Equation (2) is rate-independent and symmetrical
about its loop center. However, the measured hysteresis loops of PEAs are rate-dependent and
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asymmetric (saturation property). In order to improve the modeling accuracy, a modified PI model
is proposed and schematically illustrated in Figure 2a, where an additional saturation operator is
cascaded to the classical PI model. Following the notations in Equation (2), Hrn(•) stands for the
backlash operator in the classical PI model and wn is the weight vector in the backlash operator.
A special polynomial operator with only odd powers in the following formulation is utilized as the
saturation operator:

ŷ(t) = S[z](t) = c1z(t) + c3z3(t) + · · ·+ cmzm(t), m = 1, 3, 5, · · · (3)

where S[z](t) denotes the saturation operator, ŷ(t) is the output, ci (i = 1, 3, 5, ..., m) is the coefficients of
the polynomial, and m is the order of the polynomial.
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Figure 2. Schematic diagram of the modified Prandtl-Ishlinskii (PI) model: (a) rate-independent
hysteresis model and (b) rate-dependent hysteresis model.

Unlike the common polynomials, all the even powers and the constant are totally eliminated to
guarantee the axial symmetry of the saturation operator about the origin. Through literature review,
one-sided dead-zone operator is another popular saturation operator [14,22]. However, this operator
is piecewise in nature, even if the operator’s order increases. On the contrary, the coefficients of the
polynomial are fewer but the curve of the polynomial is smooth, as verified in our previous work [20].
This helps to increase the modeling accuracy while decreasing the model complexity. In addition,
more complex saturation property is possible by tuning the degree of the polynomial.

Substituting Equation (2) into Equation (3), the rate-independent hysteresis model is written as:

ŷ(t) = S
[
wT · Hr(u)

]
(t) (4)

2.2.3. Modeling of the Rate-Dependence Property

The shape of the PEA’s hysteresis loop varies with different control inputs, e.g., the hysteresis
loop become thicker if the rate or the frequency of the input increases. For the modeling of the
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rate-dependence, it has been verified that linearly tuning the weight vector of the modified PI model
according to the input rate can significantly improve the modeling accuracy. The schematic diagram of
the rate-dependent hysteresis model is given in Figure 2b. The linear relationship can be expressed in
the following equation:

w = k · .
u(t) + b (5)

where k = [k1, k2, ..., kn]T, b = [b1, b2, ..., bn]T, ki and bi (i = 1, 2, ..., n) are the slop and offset vectors,
respectively, and

.
u(t) is the input rate.

Substituting Equations (2) and (5) into Equation (3), the rate-dependent hysteresis model
is obtained:

Y(t) = S
{[

k · .
u + b

]T · Hr(u)
}
(t) (6)

A similar modeling approach using a third order polynomial as the saturation operator was
also proposed in [23], where the classical PI model and the saturation operator are connected in
parallel. It is also noted that the hysteresis model developed in [23] is rate-independent. In our
approach, the saturation operator is cascaded to the classical PI model in series, and the order of the
polynomial can be tuned for more complex hysteresis. More importantly, the hysteresis model defined
in Equation (6) is rate-dependent, and thus the modeling accuracy can be guaranteed.

2.3. Full Parameter Identification

The parameters that need to be identified include the threshold and weight vectors, and the
coefficients of the saturation operator. The threshold vector is very important in the identification.
Higher modeling accuracy can be achieved if a higher order of backlash operators and fine spacing
are selected. However, higher order will increase the model complexity, and the computation time
will also increase significantly, causing severe problems in real-time applications. A trade-off has
to be made between the modeling accuracy and the system complexity. One practical solution is
assigning fine spacing at low threshold values while assigning coarse spacing at larger threshold
values. As a result, a threshold vector with 10th order or above is adequate to achieve satisfactory
results. However, through literature review, this non-uniform spacing is typically assigned manually
through a laborious trial and error process, and thus the prior experience on hysteresis modeling is
highly demanded. This significantly affects the applicability of the PI-based approaches.

In our previous work [20], the threshold vector is manually assigned, and the saturation and
backlash operators are identified separately for a shorter computation time. Thus, two sets of
experimental data are required in the identification. In this paper, a highly efficient full parameter
identification approach is proposed to identify all the parameters through only one set of experimental
data. The practitioner only has to find out the input range of the system from the manual. No other prior
experience on the PEA’s hysteresis or post processing, such as curve-fitting, is required. This guarantees
ease of use and high efficiency, and thus signifies progress from our previous approach [20].

2.3.1. Error Functions for Parameter Identification

When the PEA moves very slowly, e.g., tracking a trajectory below 1 Hz or following the trajectory
of a master operator, the rate-dependence is negligible, resulting in a rate-independence (static)
hysteresis. In this case, the rate-independent model defined in Equation (4) is sufficient to predict the
output of the PEA. All the parameters in Equation (4) can be identified by comparing the model output
with the measured hysteresis and minimizing the following error function:

E[ŷ, y](r, w, c, t) = ŷ(t)− y(t) = S
[
wT · Hr

]
(t)− y(t) (7)

where r = [r1, r2, ..., rn]T is the threshold vector.
If the PEA moves fast, the rate-dependence will become very obvious. In this case,

the rate-dependent model defined in Equation (6) should be used to predict the output of the PEA.
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Similarly, all the parameters in Equation (6) can be identified by comparing the model output with the
measured hysteresis and minimizing the other error function:

E[ŷ, y](r, k, b, c, t) = ŷ(t)− y(t) = S
{[

k · .
u + b

]T · Hr

}
(t)− y(t) (8)

In the parameter identification process, the method of least squares is adopted to minimize the
error functions defined in Equations (7) and (8). The parameter identification is implemented in the
environment of MATLAB (Version R2014a, MathWorks, Natick, MA, USA) and the function lsqcurvefit
is selected.

2.3.2. Input Signals for Parameter Identification

For the rate-dependent hysteresis identification, it is straightforward to excite the system using
control signals at different constant input rates (e.g., saw tooth signals with different slopes) and to
identify the parameters in each case separately, as proposed in the research work of Ang et al. [14].
Subsequently, an additional curve fitting is conducted in order to obtain a general model that covers
a certain range of input rates. This process is laborious as one has to make many measurements so as to
obtain adequate data for the identification. Further, as saw tooth signals are not consistent, the modal
vibrations of the PEA-driven system are likely to be excited by the high frequency components of the
saw tooth signal.

Alternately, it is possible to identify all the parameters through only one set of experimental data
if the input rate of the control signal is not constant but spans a certain range. Based on our previous
work, the superimposition of multiple sinusoidal signals at different frequencies in the following form
is a better alternative:

u(t) = ∑
N

Ai sin
(

2π fit − π

2

)
, N ≥ 2 (9)

where N is the number of the sinusoidal signals, Ai and fi are the magnitude and frequency of the
sinusoidal signal, respectively.

The superimposition of multiple sinusoidal signals is superior to the saw tooth signal in that:
(1) the input rate can span a wide range through a careful selection of the sinusoidal signals, and (2) the
signal is consistent and the modal vibration can be avoided.

2.3.3. Non-Uniform Initialization of the Threshold Vector

As previously stated in this paper, non-uniform spacing of the threshold vector can achieve better
modeling accuracy. As a result, during the parameter identification process, the threshold vector is
initialized using a cubic relationship to guarantee fine spacing at small threshold values and coarse
spacing at larger threshold values:

ri =

(
i
n

)3
· U

2
, i = 1, 2, ..., n (10)

where U is the upper bound of the input signal.

3. Results

3.1. Rate-Independent Hysteresis Identification

For the identification of the rate-independent hysteresis, a 10 Vp-p, 1 Hz sinusoidal signal is
adopted as the control input to the system. The measured displacement of the PEA and the model
output of the rate-independent hysteresis model in Equation (4) are plotted in Figure 3. It can
be observed that the identified hysteresis model agrees with the measured hysteresis of the PEA.
The modeling error is 5.287 ± 62.41 nm. The identified parameters are given below:
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r = [0, 4.933e−3, 0.02294, 0.1830, 0.4944, 1.109, 1.839, 2.617, 3.779, 4.922]T

w = [−2.31, 2.137, 0.35, 9.3e−3, 0.02532, 0.02235, 0.01895, 0.01826, 0.02765, −0.01929]T

c =
[−8.794e−4, 0, −0.05066, 0, 4.818

]T
(11)

(a) (b) 

Figure 3. Identification of the rate-independent hysteresis model using a 1 Hz sinusoidal signal: (a) time
plot and (b) hysteresis plot.

3.2. Rate-Dependent Hysteresis Identification

In the identification of the rate-dependent hysteresis, the superimposition of two sinusoidal
signals is chosen where A1 = 2, f 1 = 10, and A2 = 3, f 2 = 5, respectively. This control signal is then
exerted on the PEA. The parameters of the rate-dependent hysteresis model are identified according to
the error function in Equation (8). The measured displacement of the PEA and the model output are
plotted in Figure 4. Similar to the results in the rate-independence case, the identified model follows
the measured hysteresis of the PEA well with a modeling error of 3.526 ± 45.55 nm. The identified
parameters are given below:

r = [0, 1.772e−3, 0.03242, 0.08513, 0.1940, 0.8016, 1.356, 2.104, 3.055, 3.438]T

k = [−0.1041, 0.1075, −3.254e−3, −7.082e−6, −1.974e−4, −9.755e−6, 1.232e−6, −2.045e−5, 4.844e−5, −5.606e−5]
T

b = [−0.5510, 0.6097, −0.01653, 0.01098, 1.262e−3, 4.928e−3, 4.950e−3, 6.183e−3, 6.393e−3, −3.426e−4]
T

c = [0.5682, 0, −3.391, 0, 17.54]T

(12)

 (a) (b) 

Figure 4. Identification of the rate-dependent hysteresis model using the superimposition of two
sinusoidal signals: (a) time plot and (b) hysteresis plot.
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3.3. Verifications of the Rate-Independent and Rate-Dependent Models

The identified rate-independent hysteresis model is verified using a 10 Vp-p, 1 Hz triangle signal.
The experimental results are given in Figure 5. It is observed that the model output follows the
measured displacement well and the estimation error is measured to be 79.56 ± 77.6 nm, on the same
order of the noise level of the system. Therefore, the rate-independent is applicable for slow trajectories,
e.g., below 1 Hz. Taking the relatively simple structure into consideration, the rate-independent
hysteresis model is a better choice if the system moves slowly.

() 

(a) (b) 

Figure 5. Verification of the rate-independent hysteresis model using another 1 Hz triangular signal:
(a) time plot and (b) hysteresis plot.

For higher frequencies, both the identified rate-independent and rate-dependent hysteresis models
are verified using an input signal consisting of four sinusoidal signals with A1 = 1, f 1 = 10, A2 = 1,
f 2 = 7.5, A3 = 1, f 3 = 5, A4 = 2, and f 4 = 4. The measured displacement and the model outputs are given
in Figure 6a. It can be observed that both the rate-independent and rate-dependent models can follow
the measured displacements well. The estimation errors are measured to be 88.10 ± 86.29 nm and
−48.77 ± 57.22 nm for the rate-independent and rate-dependent models, respectively. The estimation
error of the rate-independent model is slightly higher than its modeling error. This is reasonable
as the rate-independent model is identified using a 1 Hz sinusoidal signal and focuses mainly on
low-frequency signals. The high-frequency components of the superimposed signal will definitely
affect the accuracy of the rate-independent model. On the contrary, the estimation error of the
rate-dependent model is on the same order of the modeling error. The error plot in Figure 6b clearly
shows that the rate-dependent model achieves better performance than the rate-independent model
for fast trajectories.

Because the superimposed sinusoidal signal in Figure 6 only consists of four frequencies,
experiments are further conducted to test the performance of the identified rate-dependent model using
a 0.1–20 Hz swept sinusoidal signal. Compared with the superimposed sinusoidal signal, the swept
sinusoidal signal is also smooth but it contains all the frequency components between 0.1 Hz and
20 Hz, and thus the overall performance of the rate-dependent model over a wider frequency range
can be examined. The experimental results are given in Figure 7. It is observed that the rate-dependent
model can still follow the measured displacement well, as observed in the zoomed-in insets in Figure 7.
However, since the maximum frequency component in the identification is only 10 Hz, the modeling
accuracy for higher frequencies is not guaranteed. Experimental results in Figure 7 show that the
estimation error will become larger for higher frequencies. The maximum estimation error in the last
one second is 94.11 nm, corresponding to 8.25% of the measured displacement. Therefore, the identified
rate-dependent model is applicable for fast trajectories with a frequency range of 20 Hz.
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(a) 

(b) 

Figure 6. Verification of the identified hysteresis models using a superimposition of four sinusoidal
signals: (a) time plot and (b) error plot.

Figure 7. Verification of the rate-dependent model using a 0.1–20 Hz swept sinusoidal signal.
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4. Discussion

The hysteresis modeling and compensation has become an important issue in the motion control
of PEAs. The rate-dependence and saturation (asymmetry) phenomena are observed in the measured
hysteresis curves of PEAs. In this paper, the PI model is selected to build the hysteresis model.
Two important modifications are made to the classical PI model: (1) the weights of the backlash
operators are dynamically updated according to the change in the input rate so as to account for the
rate-dependence, and (2) a polynomial operator with only odd powers is cascaded to the backlash
operators to adjust the shape of the hysteresis loop to model the saturation property.

The parameters that need to be identified include the threshold and weight vectors of the
backlash operators and the coefficients of the polynomial operator. The efficiency of the conventional
parameter identification approach is low because of the huge amount of experimental data and the
time-consuming post processes, such as the curve fitting. Further, the sudden change in the input signal
might excite higher order modal vibrations of the system during the experiment. Another problem in
the parameter identification is the manual intervention. For instance, the threshold vector is generally
manually assigned to guarantee fine spacing at small values and coarse spacing at larger values.
This task requires rich experience on the hysteresis modeling of PEAs, and thus is not practical for
beginners or common practitioners with limited experience. Therefore, it is necessary to simplify the
parameter identification to achieve minimal manual intervention.

A full parameter identification approach is proposed in this paper. The basic idea is to choose
a special input signal covering a wide range of input rates so that the response of the PEA to different
input rates can be obtained in one single measurement. The superimposition of multiple sinusoidal
signals with different frequencies is an ideal input signal as it covers a wide range of input rates.
More importantly, the input signal is smooth and will not excite the higher modal vibration of the
system. Subsequently, the method of least squares is utilized to identify all the parameters automatically
without any manual intervention. This methodology is superior in that prior experience on hysteresis
modeling is not required any more, thus guaranteeing ease of use even for the beginner.

The effectiveness of the proposed methodology is verified on a PEA-driven flexure mechanism.
Both rate-independent and rate-dependent hysteresis identifications are conducted. Experimental
results show that the rate-independent model is adequate to describe the motion of the PEA if the
PEA works in slowly moving scenarios, such as following the trajectory of a master operator. For the
rate-dependent hysteresis model, experimental results show that the modeling accuracy is high in the
frequency range of 20 Hz.
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Abstract: We deposited transparent ferroelectric lead zirconate titanate thin films on fused silica
and contacted them via Al-doped zinc oxide (AZO) transparent electrodes with an interdigitated
electrode (IDE) design. These layers, together with a TiO2 buffer layer on the fused silica substrate,
are highly transparent (>60% in the visible optical range). Fully crystallized Pb(Zr0.52Ti0.48)O3 (PZT)
films are dielectrically functional and exhibit a typical ferroelectric polarization loop with a remanent
polarization of 15 μC/cm2. The permittivity value of 650, obtained with IDE AZO electrodes is
equivalent to the one measured with Pt electrodes patterned with the same design, which proves the
high quality of the developed transparent structures.

Keywords: transparent piezoelectrics; glass substrate; chemical solution deposition

1. Introduction

In parallel to the development of technologies on silicon, there is a large panel of new functions
dedicated to transparent substrates and more specifically to glass [1]. This should involve completely
transparent functional layers such as transistors [2] and sensing elements [3]. Transparent pixels or
photovoltaic devices have already been published in the literature [4]. Similarly to the More than Moore
trend, one can think of developing new devices on glass with optical or mechanical coupling in order to
multiply applications. For instance, it has recently been suggested that haptic functions can be added
on mobile phone screens through piezoelectric ceramics [5]. It would be ideal to achieve completely
transparent stacks on glass so as not to perturb light transmission when it comes to adding new
functionalities to screens. We will eventually target transparent piezoelectric stacks in order to fabricate
haptic devices. More specifically, we want to study lead zirconate titanate (PZT) films, piezoelectric
films with one of the highest reported piezoelectric coefficients, deposited on glass. Moreover, we aim
at suppressing the bottom electrode in order to potentially improve the overall transparency. It induces
that top electrodes will be interdigitated. Our top choice of electrode is Al-doped zinc oxide (AZO)
because of its optical transparency and electrical conductivity [6]. In addition, it does not contain any
rare and/or harmful components such as indium in indium tin oxide (ITO) electrodes.

The deposition of PZT on glass substrates, unlike PZT films on silicon, has barely been studied.
All examples with electrical results involved a bottom electrode, which was made of Pt or transparent
conductive oxides, such as ITO [7] or fluorine-doped tin oxide (FTO) [8]. Khodorov et al. deposited
La-doped PZT via the sol–gel method on tin oxide-coated glass substrate [9]. The reflection in the
visible range for 130-nm-thick La-doped PZT (PLZT) did not exceed 20%, and no electrical results were
performed. Ohno et al. showed that 1.1-μm-thick PZT with compositions close to the morphotropic
phase boundary (MPB, corresponding to Zr/Ti = 52/48), deposited via chemical solution deposition
(CSD) on soda lime glass and covered with CSD ITO exhibited a dielectric permittivity εr close to
1000, a remanent polarization as large as 36 μC/cm2, and a longitudinal piezoelectric coefficient d33

reaching 120 pC/N after thermal treatment at 600 ◦C [10]. The transmittance of the stack without
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top electrode was around 60% in the visible optical range, which was a substantial improvement
with respect to Khodorov et al. Liu et al. [11] obtained very similar results on Co-doped PZT also
deposited via CSD on an ITO/glass substrate. More recently, Bayraktar et al. [12] focused on the
crystalline quality of PZT films grown on glass and reported epitaxial growth of MPB PZT by utilizing
Ca2Nb3O10 and Ti0.87O2 nanosheets as crystalline buffer layers, combined with ITO or Pt/ITO as
bottom electrode. Another interesting approach leading to epitaxial films has been proposed by
Terada et al. [13], who first grew PZT on MgO and then transferred the layers to glass substrates, though
Pt electrodes have been utilized. The unique example of a fully transparent and electrically functional
PZT-based stack on glass substrates was published in 2007 by Uprety et al. [14]. The studied stack was
ITO/LNO/PZT/LNO/ITO (where LNO stands for LaNiO3) on glass. The PZT was 90-nm-thick, and
the overall transparency of the final device capacitor was around 50% before the deposition of the top
electrode. In this paper, we propose to improve the overall transparency of the same kind of MPB
PZT stack by suppressing the bottom electrode and adopting an in-plane interdigitated electrode (IDE)
configuration, similar to what has been performed on silicon more than a decade ago [15].

2. Experimental Section

A 2”-diameter and 500-μm-thick substrate made of optical grade fused silica with roughness
Ra <1 nm has been used. A buffer layer was needed between glass and PZT to avoid cracks. Here,
this buffer layer was made of 20-nm-thick oxidized titanium deposited via evaporation at 25 ◦C
and annealed at 700 ◦C in air. Such high temperature infers the complete oxidation of Ti, which
stabilizes titanium oxide with respect to the subsequent steps. PZT with MPB composition—meaning
Zr/Ti = 52/48—was deposited by spin coating three successive layers of “PZT-E1” commercial
sol precursors from MMC (Mitsubishi Materials Corporation, Tokyo, Japan). Each of the three
PZT layers was spun, dried at 130 ◦C for 5 min, and pyrolyzed at 350 ◦C for 5 min on hot plate
in air. A final annealing step performed in a box furnace at 700 ◦C in air for 30 min induced the
crystallization of the 200-nm-thick PZT film in the desired perovskite structure. The 115-nm-thick
AZO IDE electrodes were then deposited via atomic layer deposition and patterned through a lift-off
process using lift-off resist (LOR) Shipley resist in order to generate an undercut below a resist
layer (1813 Shipley). Reference samples made of sputtered 100-nm-thick Pt electrodes with the same
IDE design were also realized by standard lithography/ion beam etching process. The absolute
values of electric field E, relative dielectric permittivity ε’ and polarization P were extracted from the
measurements as recently described by Nigon et al. [16]. Because the gap and width of the fingers are
significantly larger than the thickness of the film (a, b >> tf), the effective gap a + Δa (Δa = 1.324 × tf)
was used in the calculations.

X-ray diffraction patterns were obtained with a Panalytical diffractometer in θ-2θ configuration,
- 2θ being the measurement angle of the detector with respect to X-ray incident beam on the sample
at angle θ. The light transmittance of the stack was measured on a TECAN (Tecan Group Ltd.,
Zürich, Switzerland) absorbance instrument. The Agilent atomic force microscope (AFM) was used to
measure root-mean-square (RMS) surface roughness. The permittivity-electric field (ε’-E) curves and
polarization-electric field (P-E) loops were collected with an Aixacct set-up.

3. Results

Figure 1a shows the X-ray diffraction pattern of crystallized PZT films on glass. The perovskite
structure is the only visible phase. No secondary phase such as pyrochlore has been detected. There is
no preferred crystalline orientation as one could expect on an amorphous substrate such as fused silica.
The RMS value obtained from 5 × 5 μm2 areas by AFM is 2.0 nm. Figure 1b shows a top view of the
transparent finalized substrate—fused silica/TiO2/PZT/AZO—as observed with optical microscopy.
Note that the logo is not printed on the wafer but is visible through the latter. PZT film is homogeneous
and did not encounter cracks during the fabrication process. Our experiments have shown that a
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buffer layer of TiO2 with a minimum thickness of 10 nm is mandatory to avoid cracks. For thinner
layers or no buffer layer at all, PZT crystallizes but exhibits cracks.

  
(a) (b) 

Figure 1. (a) The θ-2θ pattern of 200-nm-thick Pb(Zr0.52Ti0.48)O3 (PZT) film deposited by spin coating
on TiO2/fused silica and crystallized at 700 ◦C. All peaks correspond to the perovskite structure;
(b) Optical image of a 2”-diameter wafer coated with 20 nm of TiO2, 200 nm of PZT, and 115 nm
of patterned Al-doped zinc oxide (AZO), the latter being visible in the central area of the wafer.
TiO2 exhibits a purplish color. Note that the logo is visible through the glass wafer.

The main drawback of TiO2 is that it induces a purplish color that limits the device’s transparency,
as can be seen in Figure 1b. Fused silica exhibits transmittance beyond 93% in the visible spectral
range (cf. Figure 2). This transmittance decreases down to 65% around λ = 400 nm after TiO2 has
been deposited. Adding PZT creates Fabry–Perot oscillations but does not strongly impact the overall
transmittance. It also shifts the minimum wavelength that can cross the wafer from 300 nm with
TiO2 to 340 nm if one takes 20% transmittance as a reference. The final 115-nm-thick AZO slightly
improves the stack transmittance probably because of the index matching effect. Indeed, the ZnO
refractive index is around 2.0, whereas that of PZT is larger, around 2.4. Consequently, capping PZT
with ZnO-based material smoothens the gap and therefore acts as an index matching layer. AZO main
drawback is that it stops transmittance below 360 nm. All in all, the stack transmittance is higher than
60% in the range from 400 nm to 1000 nm. As mentioned in the introduction, Uprety et al. reported
50% transmittance on their transparent piezoelectric stack involving ITO as the bottom electrode [14].
Therefore, our strategy to suppress the bottom electrode helps in improving transparency.

Figure 2. Optical transmission spectra from 232 nm to 1000 nm measured on the successive stacks of
AZO/PZT/TiO2/fused silica.
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Making electrically functional transparent piezoelectric devices without bottom electrode infers
that both electrodes have to be processed on the top of the piezoelectric layer. To do so, we
patterned AZO IDE electrodes as shown in Figure 3. Various gaps (5, 10, and 20 μm) were processed.
Although AZO is not as conductive as ITO (typical sheet resistance of 250 Ω2 for 100-nm-thick films in
our case), it only involves abundant and low-cost metals (aluminium and zinc).

 

Figure 3. Top-view optical micrograph of a final device showing patterned AZO IDE top electrodes.
Here, the gap between subsequent fingers is 5 μm, and each finger is 5-μm-wide.

Figure 4a shows the relative permittivity ε’ and dielectric losses tanδ versus the DC electric
field of the 7-tooth IDE structure reported in Figure 3. Both curves display the typical hysteretic
behavior of ferroelectric films, with respective zero-field values of permittivity and tanδ of 650 and 0.03.
Contrary to what is generally observed in metal–insulator–metal structures (MIM), the curves are very
symmetrical with respect to the Y-axis. This is a direct consequence of the symmetrical IDE structure
that has been processed with the same metal. The losses are very low—below 1%—at voltages as large
as 400 kV/cm. It evidences the good quality of PZT, but also the compatibility of AZO electrodes with
PZT in this IDE structure.

Figure 4. Relative permittivity ε’ and tanδ at 1 kHz versus DC electric field E of a 7-tooth IDE structure
with a 5 μm gap. Electrodes are made of (a) AZO and (b) Pt. For permittivity calculation, the stray
capacitance was subtracted from the measured capacitance.

Figure 4b represents the same characterization on the same IDE structure, though with
Pt electrodes. The difference lies in the maximum electric field applied, which is only 200 kV/cm with
Pt. Indeed, this structure was unable to withstand larger field because of the ion milling etching step
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that weakened PZT and/or induced Pt re-deposition. It ended up with strong extrinsic leakage at a
high electric field. In Figure 4, one can spot that permittivity values are very similar for both AZO and
Pt electrodes. The latter is considered as the reference metal for PZT. Therefore, it shows that AZO
stands for a convincing transparent alternative to Pt in order to contact PZT structures.

Finally, a clear ferroelectric behaviour is observed on the polarization-electric field (P-E) loop of
PZT on glass with AZO electrodes, as shown in Figure 5. The extracted value of remanent polarization
Pr is 15 μC/cm2, which is approximately half the value reported for 500-nm-thick (100) MPB PZT on
Si with Pt IDE electrodes, but comparable to its counterpart in MIM geometry [17]. The calculated
coercive field Ec is 52 kV/cm. The slanted shape of the loop is a measurement artefact due to relatively
large stray capacitance compared to the total capacitance value (measured on IDE structures and
shown in Figure 3). We wanted to ensure that this tilted loop was not induced by AZO’s rather high
resistivity, so we compared it with Pt top electrodes patterned with the same design. Both loop shape
and coercive voltage are very similar to what has been observed with AZO electrodes. In addition,
we found that AZO equivalent resistance of Figure 3 is around 700 Ω. This impedance is negligible
compared to PZT, which lies in the GΩ range (C~1 pF) during the P-E loop collection performed at
100 Hz. Consequently, AZO’s higher resistance has no significant influence on the P-E loop’s shape.

 

Figure 5. Polarization-electric field (P-E) loop of the 200-nm PZT on glass with AZO 5-μm-gap IDE
electrodes. The measurement was performed at 100 Hz.

4. Conclusions

In this paper, we have shown that it is possible to make functional transparent ferroelectric
structures with PZT and IDE AZO electrodes. The measured permittivity, dielectric losses, and
polarization values of 650, 0.03, and 15 μC/cm2, respectively, have confirmed typical ferroelectric
behavior, which is a pre-requisite of piezoelectric ferroelectric materials such as PZT. The main
advantage of the proposed structure is the absence of bottom electrode, which implies improved
transparency of the whole PZT stack (>60% in the visible range) if one compares with Uprety et al.’s [14]
study with the ITO bottom electrode.
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Abstract: A novel design of piezoelectric aluminum nitride (AlN)-Si composite cantilever gyroscope
is proposed in this paper. The cantilever is stimulated to oscillate in plane by two inverse voltages
which are applied on the two paralleled drive electrodes, respectively. The whole working principles
are deduced, which based on the piezoelectric equation and elastic vibration equation. In this work,
a cantilever gyroscope has been simulated and optimized by COMSOL Multiphysics 5.2a. The drive
mode frequency is 87.422 kHz, and the sense mode frequency is 87.414 kHz. The theoretical sensitivity
of this gyroscope is 0.145 pm/◦/s. This gyroscope has a small size and simple structure. It will be a
better choice for the consumer electronics.

Keywords: microelectromechanical systems (MEMS); aluminum nitride; piezoelectric effect;
cantilever; gyroscope; simulation

1. Introduction

Microelectromechanical systems (MEMS) gyroscopes are core inertial sensors. They are widely
used in smartphones, unmanned aerial vehicles (UAV), automotive electronics, or other consumer
goods [1]. In recent years, aluminum nitride (AlN) piezoelectric gyroscopes become a new research
trend. The AlN gyroscopes can be categorized into two main types: (1) thin-film AlN gyroscopes and
(2) bulk acoustic wave (BAW) AlN-on-Si gyroscopes. The thin-film AlN gyroscopes have traditional
structures: beams and proof masses. The AlN thin-film gyroscope relies on bending vibration of beams.
The drive mode is simulated by voltages and the Coriolis force is detected through piezoelectric charge.
While, the BAW AlN-on-Si gyroscopes are made up of an AlN film on silicon substrate with a specific
geometry. Two degenerate bulk acoustic wave modes of the AlN film, which are orthogonal to each
other, are used as the drive mode and sense mode, respectively.

The Albert P. Pisano’s group, which comes from the University of California, focuses on
the thin-film AlN gyroscopes [2–4]. The structure contains three layers: the AlN layer and the
bottom/top electrode layers. The thickness of AlN is 2 μm. These gyroscopes have a high efficiency
of electromechanical transduction. However, a near zero stress AlN film is needed. It is difficult
for the AlN deposition process, and the robustness of this gyroscope is another serious problem.

Micromachines 2018, 9, 81 43 www.mdpi.com/journal/micromachines
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Farrokh Ayazi’s group, which is from the Georgia Institute of Technology, focuses on the BAW
AlN-on-Si gyroscopes [5–7]. From 2013 to the present, many different kinds of BAW gyroscopes have
been researched and optimized. These gyroscopes have a relatively high frequency (3.1–11 MHz)
and perfect immunity to shock and vibration. However, a high frequency will lead to a reduction
of response amplitude. The sensitivity will decrease. Besides, the size of these BAW gyroscopes are
very large.

Considering the characteristics of the two AlN gyroscopes, a novel AlN-Si composite cantilever
gyroscope is proposed in this paper. Based on the piezoelectric effect of AlN, the cantilever will be
excited to bend in-plane. The working frequency is 87 kHz, which is lower than the frequency of BAW
AlN-on-Si gyroscopes. This will benefit the sensitivity. This gyroscope has a small size and simple
structure. Analysis and simulation of this piezoelectric gyroscope has been carried out and reported
on in this paper.

2. Working Principles

2.1. Working Principles of Drive Mode

The schematic of AlN-Si composite cantilever gyroscope is shown in Figure 1. It contains
four layers. The bottom electrode layer is Mo, connecting the ground in electric field. The top
layer is Al, divided into five parts. The five electrodes include two drive electrodes, two drive-detected
electrodes, and one sense electrode. In this gyroscope, AlN layer works as drive function for the
composite cantilever. Inverse voltages are applied on two drive electrodes respectively, as shown
in Figures 1 and 2. The drive-detected electrodes are used to detect the drive signal. The purpose is
to stabilize both magnitude and frequency of the drive signal. Based on the piezoelectric effect of
AlN, the two inverse voltages will excite two inverse stresses (±σ)—the compressive stress and tensile
stress. The direction of the stresses are along with the length of cantilever. They will form a couple
stress. The formula of σ has been deduced as shown in Equation (1).

σ = EAlN
U

dAlN
d31 = EAlNU0 sin(ωt)d31

dAlN

U = U0 sin(ωt)
(1)

where EAlN is the Young’s modulus of AlN, dAlN is the thickness of AlN, U is the sinusoidal drive
voltage, ω is the angular frequency of drive voltage, and d31 is the piezoelectric coefficient of AlN.
According to the references, d31 = −2.6 pm/V [8,9].

Figure 1. The structure of aluminum nitride (AlN)-Si composite cantilever gyroscope.
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Figure 2. The schematic of in-plane vibration of cantilever.

This couple stress will drive the AlN-Si composite cantilever to bend in-plane, as shown in
Figure 2. The bending moment M is given by Equation (2). Where W represents the width of cantilever
and Wdri represents the width of drive electrodes.

M = σWdridAlN(W − Wdri)

= EAlNU0 sin(ωt)d31Wdri(W − Wdri)
(2)

The deformation of cantilever satisfies the approximately differential equation of flexural curve of
Equation (3). By solving the Equation (3), the displacement function y(x,t) can be deduced as shown in
Equation (4). Where EIy denotes the flexural rigidity of the composite cantilever in y direction. EAl,
EMo, and ESi are the Young’s modulus of Al, Mo, and Si respectively; and dAl, dMo, and dSi are the
thickness of Al, Mo, and Si respectively. The x axial is parallel to the length direction of cantilever. x is
the position, belonging to [0,L]. All the parameters are shown in Table 1.

y′′ =
M

EIy
(3)

y(x, t) =
6EAlNd31Wdri(W − Wdri)

W3(EAldAl + EAlNdAlN + EModMo + ESidSi)
x2U0 sin(ωt) (4)

Table 1. Parameters of aluminum nitride (AlN)-Si composite cantilever for calculation and simulation.

Names Parameters Values Units

EAlN Young’s modulus 410 GPa
ESi Young’s modulus 160 GPa

EMo Young’s modulus 312 GPa
EAl Young’s modulus 70 GPa

dAlN Thickness 1.5 μm
dSi Thickness 20 μm

dMo Thickness 0.3 μm
dAl Thickness 0.3 μm
d31 Piezoelectric coefficient −2.6 pm/V
L Length of cantilever 600 μm
W Width of cantilever 22.87 μm

Wdri Width of drive electrode 3 μm
U0 Amplitude 1 V
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Plugging the values into Equation (4), the theoretical value of maximum displacement
ymax = y(L, 2n+1

2ω π) = 2.920 nm can be calculated. Meanwhile, the same cantilever model has been
designed and simulated by COMSOL Multiphysics 5.2a (COMSOL Inc., Stockholm, Sweden).
A stationary study has been simulated. The maximum stationary displacement of simulation value
is ys-max = 2.878 nm, as shown in Figure 3. Comparing the theoretical value to the simulation one,
an error ratio 1.5% can be calculated. This proves that the deduction of working principles is logical
and accurate. To further research the resonant properties, a frequency domain study has been done.
The maximum resonant displacement is 9.92 μm, and the quality factor is 3450, as shown in Figure 4.

Figure 3. Displacement simulation of AlN-Si composite cantilever under ±1 V drive voltages,
stationary study.

Figure 4. The resonant displacement amplitude of drive mode, frequency domain study.

2.2. Working Principles of Sense Mode

This gyroscope can detect an angular rate which is along the length direction of cantilever.
When an x axial angular rate Ω is applied, the cantilever will be driven to bend out-plane by Coriolis
force FC(x,t). The FC(x,t) formula can be deduced as shown in Equation (5). The ρall is a linear density
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of the composite cantilever. C0 represents the constant coefficient of y(x,t). The direction of FC(x,t) is
z-axial.

FC(x, t) = 2m(x)Ω
·
y(x, t)

=
� x

0 2ρallΩ
·
y(x0, t)dx0

= 2
3 ρallΩωC0 cos(ωt)x3

(5)

ρall =
ρAlVAl + ρAlNVAlN + ρMoVMo + ρSiVSi

L

C0 =
6EAlNd31Wdri(W − Wdri)

W3(EAldAl + EAlNdAlN + EModMo + ESidSi)
U0

By solving the approximately differential equation of flexural curve in z direction-Equation (6),
a displacement function z(x,t) can be deduced. The function z(x,t) is shown in Equation (7). EIz is
the flexural rigidity of the composite cantilever in z direction. The function z(x,t) is the displacement
of sense mode. Therefore, a linear relation between z and Ω can be gotten from Equation (7).
The maximum coefficient of z(Ω) is the sensitivity of this gyroscope.

z′′ =
Mz(x, t)

EIz
(6)

Mz(x, t) =
� L

x
FC(x0, t) · (L − x0)dx0

z(x, t) =
ρallωC0Ω

15EIz
(

1
4

L5x2 − 1
12

Lx6 +
1

21
x7) cos(ωt) (7)

3. Design of AlN-Si Composite Cantilever Gyroscope

The main structure of this gyroscope is shown in Figure 1. The sizes of AlN-Si composite
cantilever are designed and optimized by COMSOL Multiphysics. To realize the mode matching,
the parametric sweep function was used. The valve of the cantilever width has been swept from 20 μm
to 25 μm, with a step of 0.01 μm. When the value is 22.87 μm, the frequencies of drive mode and
sense mode are nearly equal. All the values are shown in Table 2. The simulation result of drive mode
frequency is 87.422 kHz, and the sense mode frequency is 87.414 kHz. The mode shapes are shown in
Figures 5 and 6, respectively.

Table 2. Sizes of AlN-Si composite cantilever gyroscope.

Names Parameters Values Units

L Length of cantilever 600 μm
W Width of cantilever 22.87 μm

Wdri Width of drive electrode 3 μm
Wdri_det Width of drive-detected electrode 3 μm

Wsen Width of sense electrode 4 μm
dAlN Thickness 1.5 μm
dSi Thickness 20 μm

dMo Thickness 0.3 μm
dAl Thickness 0.3 μm
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Figure 5. The drive mode simulation of the cantilever gyroscope.

 

Figure 6. The sense mode simulation of the cantilever gyroscope.

The quality factors of this gyroscope are assumed to be Qdrive = 3000 and Qsense = 3000, respectively.
The maximum resonant displacement zres(L, nπ

ω ) is shown in Equation (8). Therefore, the sensitivity of
this gyroscope is 0.145 pm/◦/s, as shown in Figure 7.

zres(L,
nπ

ω
) = QdriveQsensez(L,

nπ

ω
) = 1.45 × 10−13 Ω (8)
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Figure 7. Theoretical sensitivity of the gyroscope—the resonant displacement of z-axis vs. angular
rate Ω.

4. Conclusions

The AlN-Si composite cantilever gyroscope is based on the novel electrode design and working
principles. Because of the piezoelectric effect of AlN, an in-plane movement has been stimulated by two
inverse voltages. The AlN-Si composite cantilever gyroscope has been designed with 87.422 kHz drive
frequency and 87.414 kHz sense frequency. The mode-matching has been realized by optimizing the
width of the cantilever. This gyroscope has a small size, simple structure, and lower requirements for
the processing of AlN film. Hence, this cantilever gyroscope shows great potential in the piezoelectric
research and consumer electronics fields.
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Abstract: Compliant bridge mechanisms are frequently utilized to scale micrometer order motions
of piezoelectric actuators to levels suitable for desired applications. Analytical equations have
previously been specifically developed for two configurations of bridge mechanisms: parallel and
rhombic type. Based on elastic beam theory, a kinematic analysis of compliant bridge mechanisms in
general configurations is presented. General equations of input displacement, output displacement,
displacement amplification, input stiffness, output stiffness and stress are presented. Using the
established equations, a piezo-driven compliant bridge mechanism has been optimized to maximize
displacement amplification. The presented equations were verified using both computational finite
element analysis and through experimentation. Finally, comparison with previous studies further
validates the versatility and accuracy of the proposed models. The formulations of the new analytical
method are simplified and efficient, which help to achieve sufficient estimation and optimization of
compliant bridge mechanisms for nano-positioning systems.

Keywords: flexure hinge; compliant bridge mechanisms; micro-motion scaling; kinematics

1. Introduction

In recent decades, piezoelectric actuators (PZTs) have been frequently used in micro/nano-
applications including advanced manufacturing, high precision positioning, scanning probe
microscopes and biological cell manipulation [1–4]. The advantages of piezoelectric actuators include
precise motion capability, compact size and large blocking force. However, one of their main drawbacks
is the relatively small motion stroke, at about 0.1 percent of its length. Consequently, compliant
mechanisms are generally employed to scale the displacement in values compatible with PZTs,
including bridge [5], Scott-Russell [6], and lever type mechanisms [7].The compliant mechanisms
employ flexure hinges instead of rigid joints to eliminate mechanical play and friction, and hence
can achieve ultra-precise and smooth motions [8,9]. However, the kinematics of these flexure-based
mechanisms is based on the deflections of their flexure hinges, and this has led to techniques for design,
analysis and modeling for compliant mechanisms [10–12].

Among the commonly used micro-motion scaling mechanisms, the compliant bridge mechanisms, as
shown in Figure 1, have been widely used because of their symmetry, compactness and large magnification
capability. In the last decade, compliant bridge mechanisms have been widely employed in flexure-based
micro-manipulators to provide amplified piezo-actuations [13,14]. With the increasing demands for
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high-dexterity manipulation, compliant bridge mechanisms have been used as a regular model to
construct more complex structures with multi-degrees of freedom [15]. This has led to the requirement for
developing an efficient analytical model of displacement amplification for compliant bridge mechanisms.

 

Figure 1. The compliant bridge mechanisms: (a) three-dimensional model; (b) ideal kinematic model.

Much research has been directed towards deducing analytical models for compliant bridge
mechanisms. Ideal kinematic methods, which treat the flexure hinges as ideal revolute joints, have
been shown to be inaccurate, owing to their neglecting elastic deformations in flexure hinges [16,17].
Therefore, an analytical model based on Castigliano’s displacement theory has been developed by
Lobontiu [18]. In addition, the matrix method has also been employed as simplified finite element
analysis (FEA) [19]. However, the cumbersome formulations of these methods have limited their
application. Methods based on elastic beam theory and motion analyses have been used, where
analytical equations of displacement amplification and stiffness are obtained [20]. In addition,
non-linear models incorporating beam theory of the flexure hinge for high frequencies or large
deformation have been developed [21,22]. However, these studies have focused on the analyses of
compliant bridge mechanisms that are specifically in parallel [23], aligned [24] and rhombic type [25,26]
configurations, as shown in Figure 2. As a result, design processes are separated and repeated for these
configurations since the geometric characteristics are not transformable [27,28]. In addition, the design
of a compliant bridge mechanism is simultaneously limited by kinematics, stress and stiffness, which
are determined by the geometric parameters. Unlike traditional rigid joints, the orientation of the
flexure hinge has a significant influence on the mechanism’s performance [29]. For a given application,
the optimal design may occur in any of the aforementioned configurations, and hence generalized
analytical equations are required for design searches.

 

Figure 2. Three types of compliant bridge mechanisms: (a) parallel; (b) aligned and (c) rhombic.

The aim in this paper is to investigate a simplified analytical model to be employed within the
optimization of displacement amplification for compliant bridge mechanisms covering all types of
configuration. In the following section, a method based on beam theory and kinematic analysis is
detailed, and analytical equations of input, output, displacement amplification, stiffness and stress
are formulated. Subsequently, optimal designs of piezo-driven compliant bridge mechanisms in
terms of displacement amplification under kinematic, stress and stiffness constraints have been
established. The presented models and optimizations are then verified by FEA and experimental tests.
Finally, comparisons of the established models with previous models are carried out, and a theoretic
displacement amplification ratio formula of aligned-type compliant bridge mechanisms is attained.
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2. The General Analytical Model

As compliant bridge mechanisms generally employ quadrilateral symmetric structures, a general
quarter model of the mechanism is analyzed, as shown in Figure 3. The model is composed of five parts:
input link a, flexure hinge b, middle link c, flexure hinge d and output link e. For simplification, four
nodes numbered from 2 to 5 are identified between the conjunctions of each part. Six geometric
parameters, which are henceforth called configuration parameters, are sufficient to determine the
configuration of the general compliant bridge mechanisms, as shown in Figure 3a, namely the lengths
and orientations of the two flexure hinges and the middle link (l2, l3, l4, δ2, δ3, and δ4). Without loss of
generality, the positive directions of orientation angles are defined as shown in Figure 3a, when the
central axes of these parts rotate in anticlockwise direction from horizontal position.

The operation can be illustrated by means of the quarter model, as shown in Figure 3b. From the
point of view of the mechanics of materials, the flexure hinges deform under the driving forces (FX)
from the PZT on the input link and the manipulating force (FY) on the output link, and this results
in a translational input displacement (Xin) and a translational output displacement (Yout) due to the
symmetric constraints. The positive directions of the input and output forces and displacements are
defined as shown in Figure 3b.

 

Figure 3. Analytical model of the compliant bridge mechanism: (a) general quarter model with
configuration parameters; (b) schematic of working status; (c) deformations of flexure hinge b; and (d)
force equilibrium of the middle link.

2.1. Input and Output Analyses

In order to determine the input and output motions of the compliant bridge mechanism, deflection
analyses of flexure hinges are required. Firstly, flexure hinges are analyzed as cantilever beams.
Consider the flexure hinge b, as shown in Figure 3c, for example, freeing the end (node 3) that is
connected to the middle link and let the other end (node 2) be fixed. Using beam theory, the deflections
and loads on flexure hinge can be analyzed according to its compliances, that is:

⎧⎪⎨
⎪⎩

Δx3 = cb
11·F3x

Δy3 = cb
22·F3y + cb

23·M3

Δθ3 = cb
32·F3y + cb

33·M3

(1)

where Δx3, Δy3 and Δθ3 are the axial deformation, deflection and slope angle of flexure hinge b at
node 3, respectively. F3x, F3y and M3 are the axial force, shear force and bending moment, respectively.
c is the compliance factor of the flexure hinge which is solely determined by the geometric parameters
and material characteristics. For strip-type flexure hinges, the compliances are given as [30]:
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⎧⎪⎪⎪⎪⎪⎪⎨
⎪⎪⎪⎪⎪⎪⎩

cb
11 = l2

Ewt2

cb
22 =

4l3
2

Ewt3
2
+ l2

Gwt2

cb
23 = cb

32 =
6l2

2
Ewt3

2

cb
33 = 12l2

Ewt3
2

(2)

where t2 is the thickness of flexure hinge, w the width of the mechanism, E the modulus of elasticity,
and G the modulus of shear. The axial and shear forces on the free end can be obtained by means of
force equilibrium of the mechanism, which can be written as:

{
F3x = FX · cos δ2 + FY· sin δ2

F3y = FX · sin δ2 − FY· cos δ2
(3)

where F3x and F3y are the axial and deflecting forces of flexure hinge b at node 3, respectively. Similarly,
the axial and shear forces of flexure hinge d can be obtained as:

{
F4x = FX · cos δ4 + FY· sin δ4

F4y = FX · sin δ4 − FY· cos δ4
(4)

The motion of flexure hinge d at node 4 can similarly be identified as: Δx4, Δy4 and Δθ4.
Equations (3) and (4) indicate that the internal loads, and hence the bending moments, within the
two flexure hinges are different if they have different orientations. Since the middle link is treated as
rigid, the slope angles of the two flexure hinges at node 3 and 4 are always identical. Considering the
force equilibrium of the middle link as shown in Figure 3d, an equation system can be established that
relates the bending moments of the two flexure hinges, and can be written as:

{
F3y·cb

32 + M3·cb
33 = F4y·cd

32 + M4·cd
33

FX ·l3· sin δ3 = M3 + M4 + FY·l3· cos δ3
(5)

where M3 and M4 are the bending moments at node 3 and 4, respectively. By substituting Equations
(1)–(4) into Equation (5), the bending moments can be deduced as:

⎧⎪⎨
⎪⎩

M3 =
FY ·cb

32· cos δ2−FY ·cd
32· cos δ4−FX ·cb

32· sin δ2+FX ·cd
32· sin δ4−FY ·cd

33·l3· cos δ3+FX ·cd
33·l3· sin δ3

cb
33+cd

33

M4 =
FY ·cd

32· cos δ4−FY ·cb
32· cos δ2+FX ·cb

32· sin δ2−FX ·cd
32· sin δ4−FY ·cb

33·l3· cos δ3+FX ·cb
33·l3· sin δ3

cb
33+cd

33

(6)

Eventually, the translational displacements of input and output links are composed of deflections
of the two flexure hinges and the arc motion of the middle link, which can be written as:

{
Xin = Δx3· cos δ2 + Δy3· sin δ2 + Δx4· cos δ4 + Δy4· sin δ4 + Δθ3·l3· sin δ3

Yout = Δy3· cos δ2 − Δx3· sin δ2 + Δy4· cos δ4 − Δx4· sin δ4 + Δθ3·l3· cos δ3
(7)

By substituting Equation (1) into Equation (7), the closed-form equations of the input and output
displacements can be deduced in the form:

{
Xin = a11·FX + a12·FY
Yout = a21·FX + a22·FY

(8)

where a11 − a22 are coefficients determined by geometric parameters and material characteristics as
detailed in Appendix A. Based on the equation system, the analytical equations of displacement
amplification, input and output stiffness can be deduced with simplified formulations.
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2.2. Displacement Amplification

The displacement amplification is the ratio of the output displacement to the input displacement
when the output link is free. Referring to Equation (8), the displacement amplification can be deduced as:

da = a21
a11

=
cos δ2·(cb

22· sin δ2−cb
11· sin δ2+B)+cos δ4·(cd

22· sin δ4−cd
11· sin δ4+A)+ l3 · cos δ3 ·C

cb
33+cd

33

sin δ2·(cb
22· sin δ2+B)+sin δ4·(cd

22· sin δ4+A)+cb
11· cos2 δ2+cd

11· cos2 δ4+
l3 · sin δ3 ·C

cb
33+cd

33

(9)

in which A =
cd

23·(cb
32· sin δ2−cd

32· sin δ4+cb
33·l3· sin δ3)

cb
33+cd

33
, B =

cb
23·(cd

32· sin δ4−cb
32· sin δ2+cd

33·l3· sin δ3)
cb

33+cd
33

,

C = cb
32·cd

33· sin δ2 + cd
32·cb

33· sin δ4 + cb
33·cd

33·l3· sin δ3.

2.3. Input and Output Stiffness

The input stiffness of the compliant bridge mechanism is defined as the applied input force
corresponding to unit input displacement, whilst the output link is free. Similarly, an equation system
can be found as:

kin =
FX
Xin

=
1

a11
(10)

In addition, the output stiffness of the compliant bridge mechanism is defined as the applied
output force per unit output of displacement when the input link is free. Consequently, an equation
system can be established for the output stiffness:

kout =
FY

Yout
=

1
a22

(11)

2.4. Stress Analysis

For compliant mechanisms, the maximum motion range is also limited by the maximum stress in
the structure. The maximum stress is generated under the maximum loads. Since the positive output
force tends to decrease the stress in the flexure hinge, only input force on the input link is taken into
consideration, which can be written as:

Fmax
X = Fmax

PZT + Fpreload (12)

where Fpreload is the preload which is usually essential to eliminate clearance between PZT and the
structure. Fmax

PZT is the maximum actuating force from the PZT corresponding to the maximum input
displacement, by referring to Equation (10), which can be written as:

Fmax
PZT == Xnl

PZT·kin (13)

where Xnl
PZT is the nominal stroke of the PZT. In addition, the true strokes of PTZs are reduced by the

compression of the mechanisms, which can be determined as:

Xtr
PZT = Xnl

PZT ·
kpzt

kin + kpzt
(14)

where kpzt is the stiffness of the PZT. The stroke reduction can be neglected when the input stiffness of
the mechanism is much smaller than the stiffness of PZT.

Consider again the flexure hinge b as an example, as shown in Figure 3c. The flexure hinge can be
treated as a cantilever beam under combined loads at the free end. The maximum stress within the
flexure hinge is the superposition of the axial and bending stress, which can be written as:

σmax
23 = max

x3∈[0,l2]
(σM + σN) (15)
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where σN = F3x
w·t2

and σM = 6·M23
w·t2

2
are the axial stress and maximum bending stress of a cross-section

within flexure hinge b at the position of x3 with respect to node 3, respectively. For a general compliant
bridge mechanism, the bending moment varies along the flexure hinge because of the hinge orientation.
The moment can be deduced as:

M23 = Mmax
3 + Fmax

3y ·x3, (x3 ∈ [0, l2]) (16)

where Mmax
3 and Fmax

3y are the maximum bending moment and shear force obtained by Equations (3)–(6)
under the maximum input force of Equation (12). Similarly, the maximum stress within the flexure hinge d
can be obtained as σmax

45 . The maximum stress in the compliant bridge mechanism can be determined as:

σmax = max (σmax
23 , σmax

45 ) (17)

3. Optimization

Using the established equations, piezo-driven compliant bridge mechanisms can be optimized
for maximum displacement under geometric, stress, and stiffness constraints. Herein, a compliant
bridge mechanism is optimized for use in a multiple degree of freedom positioner. Eight geometric
parameters were investigated as variables, as listed in Table 1. The width of the mechanism was
fixed at w = 10 mm. Aluminum alloy 7075-T6 was selected as the material with modulus of elasticity
E = 72 GPa, a Poisson’s ratio of μ = 0.33, and modulus of shear obtained by G = E

2(1+μ)
.

Table 1. Boundary of the geometric parameter for optimization of the piezo-driven compliant bridge
mechanism and the global optimal result.

Parameters (mm, ◦) l2 ffi2 t2 l3 ffi3 l4 ffi4 t4

Upper boundary 20 45 2 20 45 20 45 2
Lower boundary 0.5 −45 0.4 0.5 −45 0.5 −45 0.4

Optimal result 1.96 4.07 0.4 8.1 4.01 1.96 4.07 0.4

During the optimization, the contours of the mechanism were constrained by:

{
0.0075 m ≤ l2 cos δ2 + l3 cos δ3 + l4 cos δ4 ≤ 0.012 m
−0.01 m ≤ l2 sin δ2 + l3 sin δ3 + l4 sin δ4 ≤ 0.01 m

(18)

The maximum stress is limited by:

σmax ≤ σu

3
(19)

where σu = 505 MPa is the ultimate strength of the material. In addition, a nominal actuation of 17.4
μm of the PZT and a preload of 40 N were employed. The input stiffness and output stiffness were
constrained as: {

Kin ≤ 7 × 106 N/m
Kout ≥ 3.8 × 104 N/m

(20)

The objective function is specified by:

Find max : |da| (21)

It can be predicted from Equation (9) that the optimization problem may have many local optima
due to the underlying nonlinearity of the model. Therefore, instead of deriving a specific optimization
method, a vast quantity of optimizations was carried out using the constrained nonlinear multivariable
optimization function “fmincon” in MATLAB (R2013a, MathWorks, Natick, MA, USA) in this study.
In each instance, the objective function, boundaries and constraints were the same as stated previously,
whilst a random initial estimate within the parameter ranges was used.
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3.1. Optimization Results

As shown in Figure 4, after using 300 solving instances with random initial estimates, the global
maximum displacement amplification obtained by the optimization was around 12.8. In addition,
various local optima were obtained which are greatly influenced by the initial estimates. The
distributions of all the optima can be divided into four zones, as shown in Figure 4, where the
quantity of instance from top to down are 70, 33, 181 and 16. The configuration of each instance is
illustrated by plotting the central axis of the two flexure hinges and the middle link, as shown in
Figure 5, where the origin of the coordinate system is set at node 2, with the x axis reverse to the input
direction and y axis along the output direction. As can be seen, most samples in zone 1 are in aligned
configurations, whilst most samples in zone 3 are in rhombic configurations. The optimal design in
terms of displacement amplification under the constraints in this study is in the aligned configuration,
and the optimal geometric parameters are determined as shown in Table 1.

 

Figure 4. Distribution of the optimal displacement amplifications of the 300 instances with random
initial estimations.
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Figure 5. Illustrations of the configurations, zoned according to the values of the optimal displacement
amplifications of the 300 instances with random initial estimations: (a) 12.7 ≤ da; (b) 12 < da < 12.7;
(c) 11 ≤ da ≤ 12; (d) da < 11.
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4. FEA and Experimental Evaluations

4.1. FEA

To verify the models and optimization, the mechanism obtained in previous section was further
investigated using FEA and experiment. The model of the whole compliant bridge mechanism was
constructed and analyzed within the ANSYS software package (15.0.7, ANSYS, Canonsburg, PA, USA).
As shown in Figure 6a, a mesh model with 83,667 nodes and 42,955 elements was built, with refined
mesh on the flexure parts. During the analyses, the bottom face of the mechanism was fixed, and a
translational input force of 10 N is applied to the two input faces. The average displacements of the
input and output faces were recorded, as shown in Table 2. The displacement amplification and input
stiffness were then obtained. According to the input stiffness calculated by FEA, an input force of 152
N was actuated on the input faces to simulate the maximum PZT actuation of 17.4 μm with the preload
of 40 N. The stress in such a situation was recorded as shown in Figure 6b. Then, in order to investigate
the output stiffness, the output face was actuated by 10 N, while the input faces remained free. The
results indicate that the deviations between the FEA and the analytical results are less than 11%.

 (a)

Fixed

(b)

Input face

Output face

Input face

Figure 6. Finite element analysis of the global optimal compliant bridge mechanism: (a) mesh model;
(b) maximum stress simulation.

Table 2. Performance of the global optimal compliant bridge mechanism by finite element analysis
(FEA) and analytical equations.

Result Yout (μm) Xin (μm) Kin (N/m) σmax (MPa) Kout (N/m)

FEA 18.6 1.56 6.43 × 106 165 3.9 × 104

Analytical 18.3 1.42 7.02 × 106 148 3.8 × 104

Deviation 1.5% 8.5% 9.2% 10.3% 2.5%

4.2. Experimental Evaluation

A prototype of the optimal compliant bridge mechanism was fabricated and tested, as shown in
Figure 7. The prototype was manufactured from a piece of aluminum alloy 7075-T6 by wire-electrical
discharging machining. A PZT (AE0505D16F, NEC, Tokyo, Japan) was inserted into the bridge
mechanism and actuated by a controller (MDT693B, Thorlabs, Newton, NJ, USA). During the tests,
the PZT was physically preloaded by two identical wedges which are placed together between the
actuator and the input link of the compliant bridge mechanism. The PZT was adjusted and fastened
manually, where the actuator could efficiently drive the input links. To ensure a constant actuation
force during the experiments, the input stoke and the output displacements were tested under the
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same setting of preload. In the test of the input stroke, as shown in Figure 7a, one of the input links
was fixed on the vibration-isolated table while the displacement of the other input link was measured
by a position measuring probe (32.10924, TESA, North Kingstown, RI, USA) and read out by an
analogue display (TTA20, TESA).The maximum input displacement measured was 13.5 μm. Then,
the output displacement of the mechanism was tested as shown in Figure 7b, where the bottom face
was mounted and the output displacements were measured by a laser interferometer (7003A, ZYGO,
Berwyn, PA, USA). As shown in Figure 7c, the output displacement under the sinusoidal actuation
was recorded and the detected maximum output displacement is 168 μm. As shown in Table 3, the
analytical displacement amplification for the developed compliant bridge mechanism deviates less
than 4% from the experimental result, and 8% with respect to the FEA result.

Table 3. Analytical, FEA and experimental results of displacement amplification for the developed
compliant bridge mechanism.

Types of Result FEA Experimental Analytical

da 11.95 12.44 12.86

Figure 7. Photos of experimental apparatus: (a) setup of input stroke test; (b) setup of output
displacement test; (c) outputs of sinusoidal actuations.

5. Comparisons with Previous Models

As shown in Figure 8, a general compliant bridge mechanism can be transformed into parallel,
rhombic or aligned-type configurations by varying the six configuration parameters. By substituting the
geometric characteristics of each configuration into the analytical equations, comparisons with previously
developed models from the literature were carried out to investigate the feasibility of the models.

Figure 8. Variations of compliant bridge mechanisms between general, rhombic, parallel and aligned
type configurations.
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First, a parallel configuration can be represented within the general framework by:

{
l2 = l4 = l
δ2 = δ4 = 0

(22)

By substituting these configuration parameters into Equation (9), the general equation for
displacement amplification can be written as:

daparallel =
sin δ3·

(
cl

33· cos δ3·l2
3 + 2·cl

23·l3
)

cl
33·l2

3 · cos2 δ3 + 4·cl
11

(23)

where cl
ij is the compliance factor of the flexure hinge corresponding to length l. Equation (23) is the

same as that presented by Qi or Ling [23,26]. Secondly, the configuration parameters of the rhombic
type compliant bridge mechanisms can be given as:

⎧⎪⎨
⎪⎩

l2 = l3 = δ2 = δ3 = 0
l4 = L
δ4 = δ

(24)

By substituting the configuration parameters into Equation (9), the general equation of
displacement amplification turns into:

darhombic =

sin(2·δ)·
(

2·cL
11 − cL

22
2

)
cL

22 + 4·cL
11· cos2 δ − cL

22· cos2 δ
(25)

where cL
ij is the compliance factor of the flexure hinge corresponding to length L. Equation (25)

is the same as that presented by Ling [26] ( note that cL
33 =

3·cL
22

L2 and cL
23 = cL

32 =
6·cL

22
4·L have been

applied as indicated in Equation (2) for strip type flexure hinges). Hence, it can be concluded that the
presented models generalize both the parallel and rhombic type compliant bridge mechanism models
that have been verified by previous studies. However, the equation for displacement amplification
of the aligned-type compliant bridge mechanisms has not yet been investigated. The configuration
parameters of the aligned-type compliant bridge mechanisms can be described as:

{
δ2 = δ3 = δ4 = δ

l2 = l4 = l
(26)

By substituting the configuration parameters into Equation (9), the equation for displacement
amplification of aligned-type mechanisms is determined to be:

daaligned =
sin δ· cos δ·

(
4·cl

22 − 4·cl
11 + 2·cl

23·l3 + 2·cl
32·l3 + cl

33·l2
3

)
4·cl

22· sin2 δ + 4·cl
11· cos2 δ + 2·l3·cl

23· sin2 δ + 2·l3·cl
32· sin2 δ + l2

3 ·cl
33· sin2 δ

(27)

Furthermore, numerical simulations were carried out to compare the presented equations with
those proposed by Lobontiu [18] in terms of the six configuration parameters for general complaint
bridge mechanisms. During the computations, only one parameter is varied in each analysis, while
the other parameters were kept constant, as: l2 = l4 = 0.002 m, l3 = 0.02 m, δ2 = δ3 = δ4 = 5◦.
The thickness and width of the flexure hinge are fixed at: t2 = t4 = 0.0004 m, w = 0.004 m. As
shown in Figure 9, the results calculated by the proposed equations match well with those obtained
by Lobontiu’s equations This suggests that the presented models are feasible for compliant bridge
mechanisms in general configurations for both macro and micro applications.
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Figure 9. Numerical comparisons of displacement amplification between the new and Lobontiu’s
equations in terms of the configuration parameters.

6. Conclusions

In this study, a simplified analytical model for general compliant bridge mechanisms has been
formulated based on beam theory and kinematic analysis. The model has been shown to accurately
characterize compliant bridge mechanisms in parallel, aligned and rhombic type configurations.
Analytical equations of input, output, displacement amplification, stiffness and stress have been
obtained. The optimization of a piezo-driven compliant bridge mechanism has been accomplished
based on the proposed models and equations. With the presented equations, optimizations can be
achieved efficiently. The aligned configuration was found to be globally optimal within this framework.
The optimal design was developed and investigated by FEA and experiment. The deviations between
analytical displacement amplification and FEA and experiment are less than 8% and 4%, respectively.
Comparisons with previous equations have indicated that the presented models are feasible for general
compliant bridge mechanisms for both macro and micro applications. The equation for displacement
amplification for aligned-type compliant bridge mechanisms was first obtained. The concise form of the
proposed equations can help to facilitate the optimal design of compliant bridge mechanisms. Future
work will be directed toward the nonlinear modeling of large deformation or material nonlinearity,
dynamic modeling and precision control of the compliant bridge mechanisms.
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Appendix A

The coefficients in Equations (8)−(11) are given as:

a11 = sin δ2

(
cb

22· sin δ2 +
cb

23·(cd
32· sin δ4−cb

32· sin δ2+cd
33·l3· sin δ3)

cb
33+cd

33

)

+ sin δ4

(
cd

22· sin δ4 +
cd

23·(cb
32· sin δ2−cd

32· sin δ4+cb
33·l3· sin δ3)

cb
33+cd

33

)
+ cb

11· cos2 δ2 + cd
11· cos2 δ4

+
l3· sin δ3·(cb

32·cd
33· sin δ2+cd

32·cb
33· sin δ4+cb

33·cd
33·l3· sin δ3)

cb
33+cd

33

(A1)

a12 = cb
11· cos δ2· sin δ2

− sin δ4

(
cd

22· sin δ4 +
cd

23·(cb
32· cos δ2−cd

32· cos δ4+cb
33·l3· cos δ3)

cb
33+cd

33

)

− sin δ2

(
cb

22· sin δ2 +
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23·(cd
32· cos δ4−cb

32· cos δ2+cd
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33+cd

33

)
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− l3· sin δ3·(cb
32·cd

33· cos δ2+cd
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33+cd
33

(A2)

a21 = cos δ2
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cb

22· sin δ2 +
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23·(cd
32· sin δ4−cb

32· sin δ2+cd
33·l3· sin δ3)
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a22 = − l3· cos δ3·(cb
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cb
33+cd
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(A4)
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Abstract: Piezoelectric micro-jets are based on piezoelectric ink-jet technology and can achieve the
drop-on demand requirements. A piezoelectric micro-jet which is designed for bearing lubrication
is presented in this paper. In order to analyze the fluid dynamic characteristics of the piezoelectric
micro-jet so as to obtain good injection performance, a direct coupling simulation method is proposed
in this paper. The effects of inlet and viscous losses in the cavity are taken into account, which
are close to the actual conditions in the direct coupling method. The effects of the pulse excitation
parameters on the pinch-off time, tail length, velocity, and volume of the droplet are analyzed by the
proposed direct coupling method. The pressure distribution inside the cavity of the micro-jet and the
status of the droplet formation at different times are also given. In addition, the method is proved to
be effective in predicting and analyzing the fluid dynamic characteristics of piezoelectric micro-jets
by comparing the simulation results with the experimental results.

Keywords: coupling analysis; fluid dynamic; piezoelectric micro-jet

1. Introduction

As it can achieve drop-on-demand injection, piezoelectric micro-jet technology is widely applied
in various fields, such as ejecting metal nanoparticles [1], cell printing [2–4], color printing [5],
drug delivery [6–8], manufacturing [9–13], and sensors [14–17], etc. In addition, there are other
alternate technologies to achieve drop-on-demand injection such as pyroelectric ink-jet printing [18–22],
etc. In order to improve the injection performance, the influences of excitation parameters on fluid
dynamic characteristics should be analyzed. Researchers have studied these dynamic characteristics by
experiments and obtained the actual injection performance of the micro-jet [23–31]. Also, simulations
have been used to study the characteristics of the micro-jet, as they can help to understand the outcomes
of experiments and can help to pave the way to new designs. Of course, such designs should and
must be checked experimentally. Many simulation projects have been carried out, but piezoelectric
micro-jets with small cavities are often neglected in simulations, and only the dynamic characteristics
of the nozzle part are analyzed [32–38]. For piezoelectric micro-jets with large cavities, such as the
lubricating micro-jet presented in this paper, the influences of oil inlet and viscosity loss in the cavity
cannot be neglected. In our previous study, an indirect simulation method was proposed to analyze the
dynamic characteristics of the nozzle part of the piezoelectric micro-jet for lubricating, and although the
results were consistent with the experimental results, the accuracy was not ideal when the quantitative
analyses were carried out [39]. Therefore, a direct coupling simulation method, which takes the viscous
loss and inlet effect into account, is proposed in this paper. Then, quantitatively analyses are carried
out to study the influences of pulse voltage parameters on the injection performance, and the validity
of this method is proved by the experiments. As some air will be trapped as bubbles in the cavity,
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which reduces the injection performance of the piezoelectric micro-jet [40], here the influences of
bubbles are not discussed.

As the designed micro-jet is used for bearing lubrication, for a single time oil supply, the required
oil volume should be met by controlling the ejected number of oil droplets. Moreover, the response
time of the lubrication, which affects the timeliness of lubrication, is effected by the velocity of droplets.
Thus, the volume and velocity of oil droplets are key parameters. In this paper, we obtained the
volumes of the droplets under a single voltage pulse; then, we were able to determine the required
number of voltage pulses for different oil volume requirements. In general, the piezoelectric micro-jet
is designed to be embedded in the bearing system, and the nozzles are located between the inner
and outer raceways of the bearing system. All of the ejected oil droplets will eventually be transported
to the raceways with the assistance of the balls; thus, the directionality and precision of landing
place are not discussed in this paper. The volume of the droplets is discussed here, as are the total
volume including the volumes of satellite droplets. In order to improve the uniformity of lubrication,
two nozzles are symmetrical designed.

2. Working Principle

The piezoelectric micro-jet analyzed here is designed for the lubrication of a bearing system;
the micro-jets are embedded in the bearing system without increasing the mass and volume of the
whole system, as described in our previous work [39]. When high levels of the pulse voltages are
applied to the piezoelectric vibrator, the droplets are ejected out by the positive pressure waves created
in the cavity, and some air enters into the cavity from the nozzle. Then, low levels of the pulse
voltages are applied, the vibrator is restored to its original state, negative pressure is created in the
cavity, and the cavity is refilled by the oil from the inlet, while some of the air is squeezed out as well.
Thus, we maintain the back-pressure a little higher than the atmospheric pressure by a dispenser,
and the lubricating oil will not be pushed out due to its high viscosity and the small nozzle size,
the back-pressure is verified in experiments (about 500 to 1000 Pa). In the simulations, the initial
pressure boundary condition of the inlet is set as zero and a constant value (500 Pa) is set after one
pulse excitation to simulation the function of the dispenser, while the volume fraction of the inlet is set
as 1, namely, the inlet part is filled with oil.

According to the indirect coupling method proposed in our previous work, the displacements of
particles on the vibrator at different positions and timepoints should be obtained first, following which
the inlet velocities of the nozzle are calculated, which depend on the derived model by calculating
the volume changes in the cavity. The indirect coupling method assumes that the fluid is completely
incompressible, while the impact of the lubricating supply is ignored. For the direct coupling method
proposed here, the velocities of particles at different positions and timepoints are applied as the velocity
boundary conditions of the fluid-solid coupling interface. Moreover, the influence of the lubricating
supply is taken into account, and the method can be used to simulate a compressible fluid. The model
used in the simulations is shown in Figure 1; the coupling interface is between the copper substrate and
the lubricating oil domain. The piezoelectric micro-jet is a central symmetrical rotating device; Figure 1
illustrates the sectional view of the device for two-dimensional simplification. In order to reduce the
contact between the droplets and the outermost shell during the molding processes, the nozzle is
designed as conical. Furthermore, because of the complex processing of machining the cone-shape in
the shell, we selected inverse cone instead. The diameter of the nozzle is designed as 0.1 mm.
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Figure 1. The model used in simulations.

As the piezoelectric vibrator is centrally symmetrical (as shown in our two-dimensional
simplification of the design), here we use R to represent the radial distance of the particle on the
vibrator to its symmetry axis. The resonance frequency of the vibrator is largely affected by the
lubricating oil due to the coupling effect. Here, the resonance frequency of the vibrator is 1.83 kHz,
which is obtained by the concerned coupling effect. Therefore, the driving frequency is set as 1.83 kHz
as well. The velocities of the particle (with radial distance R = 15 mm) at different timepoints are shown
in Figure 2. As it can be seen in the figure, the vibration tends to be stable after 15 cycles. Thus, in order
to simulate the fluid dynamic characteristics of the stable work of the micro-jet, the particle velocities
at the steady state are chosen as the velocity inlet boundary condition of the coupling interface.

Figure 2. The particle velocity and its corresponding pulse voltage.

The relationship between interface particle velocities and time is shown in Figure 3. As shown
in the figure, the maximum particle velocity occurs at the center (radial distance R = 15 mm) of the
interface. Due to the effect of inertia force, the particle will have a reverse speed when the pulse
excitation is removed. The velocity data at different positions and timepoints is used as the velocity
inlet boundary conditions of the fluid-solid coupling interface in the next two-phase flow simulations.
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Figure 3. The velocities of the particles in the fluid-solid coupling interface.

The fluid dynamic characteristics of the micro-jet are analyzed by using the finite element software
Fluent, and the two-dimensional model of the micro-jet is shown in Figure 1. The volume of fluid (VOF)
model is selected to solve the two-phase flow problem. The density and viscosity of the lubricating
oil are set as 859 kg/m3 and 8.91 × 10−3 Pa·s, respectively. The density and viscosity of the air is
set as 1.225 kg/m3 and 1.7894 × 10−5 Pa·s, respectively. The air is set as the primary phase and the
continuum surface force model is selected with a constant surface tension of 0.041 N/m. The boundary
condition of the fluid-solid coupling interface is set as velocity-inlet, and the velocity values at different
positions depend on the particle velocity data obtained from the vibration simulations of the vibrator.
The boundary condition of the oil supply inlet is set as velocity-inlet with a constant value of 0.
The contact angel of the inner wall of the cavity and the outer wall of the nozzle are set as 85◦ and 165◦,
respectively. The boundary condition of the outlet in air part is set as pressure-outlet with a constant
pressure value of 0.

3. Analysis Results

In order to obtain the optimal pulse voltages to improve the injection performance, the influences
of pulse excitation parameters on the fluid dynamic characteristics are analyzed. When the duty ratio
and amplitude of the pulse voltages are set as 0.5 and 100 V, respectively, the pressure distributions in
the cavity of the micro-jet during a period are shown in Figure 4, where T is the period. It can be see
that, with the increase of time, the pressure of the nozzle increases before 0.25T and then decreases after
it, which is consistent with the loaded pulse voltage. After 0.5T, the nozzle pressure value gradually
changes to negative and the absolute value reaches the maximum at nearly 0.75T, which is due to the
effect of the inertia force of the vibrator.
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Figure 4. The pressure distribution at different timepoints: (a) 0.12T; (b) 0.25T; (c) 0.38T; (d) 0.5T;
(e) 0.64T; (f) 0. 75T; (g) 0.88T; (h) 1T.

The parameters which are related to the injection performance of the micro-jet mainly include the
pinch-off time (the time at which the droplet is completely ejected out of the nozzle), which reflects
the response time; the tail length (the moving distance of the droplet over the pinch-off time),
which determines the minimum working distance; the velocity of the droplet, which reflects the
injection intensity; and the volume of the droplet, which reflects the injection precision. By the direct
coupling method, the velocity and pinch-off time of the droplet can be obtained directly; however,
the tail length and the volume of the droplet must be obtained through calculations.

As shown in Figure 5, the injection status of the micro-jet at the pinch-off time can be obtained
directly, then the tail length can be calculated based on the scale and measurements. The red part
represents the air and the blue part represents the oil. Furthermore, as the velocity of the droplet tail
is large than zero, the tail of the droplet is ejected out as well. The tail of the droplet is formed as
satellite droplets. Since the model in the simulation is a two-dimensional model, the three-dimensional
volume of the droplet cannot be gained directly. We establish the three-dimensional model of the
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droplet in relative software based on its two-dimensional model. As the volume of the liquid droplets
are calculated approximately by the results of the two-dimensional model, the calculated values are
larger than the actual volumes. Thus, the volume results obtained from modeling software should be
multiplied by 0.613~0.684 according to our experience; here, we take 0.63.

 

Figure 5. The model for the calculation of the volume and tail length of a droplet.

3.1. The Influences of the Voltage Amplitude

The pinch-off time and droplet velocities obtained by the direct coupling method varies with
different amplitudes of pulse voltages, as shown in Figure 6. From this figure we can see that, with the
increase of the voltage amplitude, the pinch-off time decreases gradually and the average change
rate is −0.2976 μs·V−1. The droplet velocity increases nearly lineally with the increase of the voltage
amplitude, and the average change rate is 0.0403 m·s−1·V−1. Thus, with the increase of the voltage
amplitude, both the injection intensity and the injection response speed of the micro-jet are enhanced.

Figure 6. The pinch-off time and droplet velocity varies with different amplitudes of pulse voltages.

The tail length varies with different voltage amplitudes which, as obtained by the direct coupling
method, are shown in Figure 7. From this figure, it can be seen that the tail length increases along with
the increase of the voltage amplitude, and the average change rate is 0.0107 mm·V−1.
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Figure 7. The tail length varies with different voltage amplitudes.

The injection status varies with different voltage amplitudes, which are obtained by the method
of direct coupling, as shown in Figure 8. It can be seen that, when the voltage amplitude is relatively
low, the ejected droplets are not symmetrical. The reason for this is that the effect of the oil supply
inlet is taken into account in the direct coupling method, which results in an unsymmetrical pressure
distribution at the nozzle. Furthermore, with the increase of the voltage amplitude, the effect is
faded gradually.

Figure 8. The injection status varies with different voltage amplitudes: (a) 50 V; (b) 60 V; (c) 75 V;
(d) 90 V; (e) 100 V; (f) 125 V.
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3.2. The Influence of the Duty Ratio

Another important parameter of the pulse voltage is the duty ratio; the pinch-off time and droplet
velocity vary with different duty ratios obtained from the direct coupling method, as shown in Figure 9.
From this figure we can see that, along with the increase of the duty ratio, the pinch-off time increases
nearly linearly and the droplet velocity decreases. The change rate of the pinch-off time and droplet
velocity are 37.2 μs and −5.291 m/s, respectively. Therefore, with the increase of the duty ratio,
both the injection intensity and the injection response speed of the micro-jet are weakened.

Figure 9. The pinch-off time and droplet velocity vary with different duty ratios.

With the increase of the duty ratio, the change curve of the tail length is obtained by the direct
coupling method, as shown in Figure 10. From this figure we can see that, according to the results,
the tail length increases before the turning point (duty ratio α = 0.6) and then decreases. The reason for
this is that, according to the directing coupling method, with the increase of the duty ratio, the energy
dissipation increases after the turning point (duty ratio α = 0.6) and the droplets are molded after
a shorter moving distance as a result of the effect of the asymmetrical pressure at the nozzle.

Figure 10. The tail length varies with different duty ratios.

As shown in Figure 11, with the increase of the duty ratio, the injection intensity increases before
the turning point (duty ratio α = 0.6) and then decreases after it. The reason for this is that the energy
loss created in the cavity, which is related to the viscosity of the lubricating oil, increases with the
increase of the duty ratio.
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Figure 11. The injection status varies with different duty ratios: (a) α = 0.25; (b) α = 0.35; (c) α = 0.5;
(d) α = 0.6; (e) α = 0.75; (f) α = 0.99.

3.3. Comparison with the Experiment Results

The experimental platform and method are described in our previous work [39]. The experimental
platform mainly consists of a waveform generator, digital storage oscilloscope, and power amplifier.
The droplet volume varies with different duty ratios, which are obtained by experiments and
simulations. As shown in Figure 12, we can see that with the increase of the duty ratio, the droplet
volume increases gradually (when the duty ratio α < 0.6). The results of the simulation are consonant
with the experimental results, and the errors are acceptable for quantitative analyses.

Figure 12. The droplet volume varies with different duty ratios.
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4. Conclusions

A direct coupling method which is used to simulate the fluid dynamic characteristic of the
piezoelectric micro-jet is proposed in this paper, and the model built according to this method is closer
to the actual structure of the micro-jet. The effect of the oil supply inlet is taken into account in the
direct coupling method, and it has been proven that this effect cannot be ignored when analyzing the
influence of the voltage parameters on the injection performance. The change rate of the pinch-off
time, droplet velocity, and tail length are given, which can be used as the references for adjusting the
injection performance by modifying the parameters of pulse voltages. Comparing the results obtained
from the direct coupling method with the experimental data, it is demonstrated that the direct coupling
method proves to be an effective and feasible method to quantitatively simulate the fluid dynamic
characteristics of the micro-jet.

In future research, we will carry out three-dimensional simulations, as the volume of droplets
can be obtained directly from the results of a three-dimensional simulation analysis, and the model is
closer to reality, namely, the simulations will be more accurate.
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Abstract: The piezoelectric micro-jet, which can achieve the drop-on-demand requirement, is based
on ink-jet technology and small droplets can be ejected out by precise control. The droplets are driven
out of the nozzle by the acoustic pressure waves which are generated by the piezoelectric vibrator.
The propagation processes of the acoustic pressure waves are affected by the acoustic properties
of the fluid and the shell material of the micro-jet, as well as the excitations and the structure sizes.
The influences of the fluid density and acoustic velocity in the fluid on the nozzle pressure and
support reaction force of the vibrator are analyzed in this paper. The effects of the shell material on
the ejection performance are studied as well. In order to improve the ejection performance of the
micro-jet, for ejecting a given fluid, the recommended methods of selecting the shell material and
adjusting excitations are provided based on the results, and the influences of the factors on working
frequencies are obtained as well.

Keywords: piezoelectric micro-jet; ejection performance; modelling and simulation

1. Introduction

The working process of the piezoelectric micro-jet is based on the inverse piezoelectric effect
and the core component is the piezoelectric vibrator. Acoustic pressure waves are generated in the
fluid when pulse voltages are applied on the piezoelectric material, and then the droplets are ejected
out of the nozzle by the pressure waves. The piezoelectric micro-jet technology, which can realize
drop-on-demand, is widely used in electric and electronic fields [1,2], the bearing lubrication field [3],
the manufacturing field [4–7], and the biomedical field [8,9], thanks to its advantages of fast response,
good stability, simple structure, etc.

The influences of the pulse voltage parameters on the ejection performance of the micro-jet are
widely studied by researchers based on the analysis of the hydrodynamic characteristics [10–14].
However, the ejection performance of the micro-jet is also affected by the acoustic properties of the
fluid and the acoustic impedance of the shell. The propagation processes of the acoustic waves in the
cavity are affected by the properties of the fluid, and the reflection/absorption processes of the acoustic
waves, mainly at the interface between the fluid and shell, are related to the acoustic impedance of the
shell [15].

The influences of the fluid acoustic properties and acoustic impedance of the shell on the ejection
performance are analyzed in this paper. Based on the analysis results, the methods of shell material
selection and excitation adjustment are given, when ejecting fluid with different properties, so as to
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ensure the ejection intensity of the micro-jet. In order to ensure the restraint stiffness of the vibrator,
the reaction forces of the vibrator under different conditions are studied as well.

As for different applications, the designed structure of the piezoelectric micro-jet are different.
The results shown in this paper are mainly used for the given common structure style shown in the text.
For other structures, results can be obtained according to the proposed analysis simulation method.

2. Structure and Methods

A piezoelectric micro-jet, which is simple and common, as shown in Figure 1a, is studied in this
paper. The piezoelectric vibrator is made by gluing the piezoelectric ceramic (PZT) on the copper
diaphragm. When pulse voltages are applied on the piezoelectric vibrator, the vibrator vibrates and
acoustic pressure waves are created in the fluid domain. Then, the droplets are pushed out from the
nozzle by the acoustic pressure waves. The structure sizes of the piezoelectric micro-jet are shown in
Figure 1b. The thickness of the piezoelectric ceramic and copper diaphragm used in this paper are
0.4 mm and 0.2 mm, respectively.

Nozzle

PZT Inlet

Droplet

(a)

Liquid

Outermost shell

Pulse voltages

Copper film

24

4

90° 2.65
0.2

(b)

mm

mm

mm
mm

Figure 1. The structure and structure sizes of the piezoelectric: (a) the structure of the traditional
piezoelectric micro-jet; and (b) the structure sizes of the micro-jet.

The acoustic pressure distribution in the fluid field of the piezoelectric micro-jet, after the vibration
of the piezoelectric vibrator, is shown in Figure 2. As we can see, due to the transmission loss in the
fluid domain and the reflection/absorption process at the interface between the fluid and shell, the
acoustic pressure distribution in the cavity is not uniform, and the pressure level decreases gradually
from the interface to the nozzle. As the pressure distribution is difficult to measure with sensors, it
is difficult to study the acoustic pressure characteristics of the micro-jet through experiments. Thus,
the correlation analyses are carried out by finite element analysis with simulation software ANSYS
Workbench (Version 14.5, ANSYS, Inc., Canonsburg, PA, USA) which has been installed ExtAcoustics,
ExtPiezo, and FSI_transient extensions.

 

Figure 2. The acoustic pressure distribution in the fluid field of the piezoelectric micro-jet: (a) the global
state of the pressure distribution; and (b) the cross-section diagram of the pressure distribution.
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3. Boundary Conditions

The model used in simulations is shown in Figure 3, we can see that the inlet part of the micro-jet
is neglected due to its small size, and the sweep method is selected as the meshing method to improve
the accuracy of calculations. As the effects of shell on acoustic pressure waves are determined by the
acoustic impedance of the shell, the impedance boundary conditions are applied on the surfaces of the
fluid domain instead of using the shell element.

(b)(a)

Fluid

Copper 
diaphragm

Piezoelectric
Ceramic

Figure 3. The model for simulation: (a) the front view of the model; (b) the left view of the model.

The type of the piezoelectric ceramic is selected as PZT-5H, and its physical properties
(elastic stiffness constant matrix [cE], piezoelectric stress constant matrix [e], and dielectric constant
matrix [εT]) in the simulation are set as:

[cE] =

⎡
⎢⎢⎢⎢⎢⎢⎢⎣

13.2 7.3 7.1 0 0 0
7.3 13.2 7.1 0 0 0
7.1 7.1 11.5 0 0 0
0 0 0 2.6 0 0
0 0 0 0 2.6 0
0 0 0 0 0 3

⎤
⎥⎥⎥⎥⎥⎥⎥⎦
× 1010(N/m2)

[e] =

⎡
⎢⎢⎢⎢⎢⎢⎢⎣

0 0 −2.4
0 0 −2.4
0 0 17.3
0 0 0
0 12.95 0

12.95 0 0

⎤
⎥⎥⎥⎥⎥⎥⎥⎦
(C/m2)

[εT] =

⎡
⎢⎣ 804.6 0 0

0 804.6 0
0 0 659.7

⎤
⎥⎦× 10−11(F/m)

The elasticity modulus, density, and Poisson ratio of the copper film are set as 7.65 × 1010 N/m2,
7.5 × 103 kg/m3, and 0.32, respectively. The outer ring of the copper diagram is set as a fixed constraint.
The nozzle is the interface between fluid and air; therefore, the acoustic impedance at the nozzle is set
as 400 kg·m−2·s−1 according to the related data [16]. In order to obtain the influences of the acoustic
impedance of shell on the ejection performance of the micro-jet, the shell materials with different
impedance are selected and the impedance values of different materials are shown in Table 1. The pulse
voltages are applied to the surface of the piezoelectric ceramic and the amplitudes of the voltages are
set as 200 V. As structure-acoustic coupling is created at the interface between the fluid domain and
the piezoelectric vibrator, the boundary condition at the interface is set as a fluid-solid interface.
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Table 1. Acoustic impedance of different materials (×106 Kg·m−2·s−1).

Material Plexiglass Magnesium Aluminum Iron Copper

Impedance 3.1 10.0 17.1 33.2 41.6

4. Results and Discussion

When the cavity of the micro-jet is filled with liquid, the vibration of the vibrator will be subjected
to the reaction force of the fluid at the fluid-solid interface due to the fluid-solid coupling effect.
The obvious influence of the fluid-solid coupling effect on the vibration of the vibrator is that the
resonant frequencies of the vibrator are all reduced.

When the cavity is filled with air, the mode shapes and the corresponding resonant frequencies
of the first four order modes of the vibrator are shown in Figure 4, we can see that in terms of the
structure proposed in this paper, the first-order modal and the fourth-order mode are more suitable, as
the nozzle of the piezoelectric micro-jet is located in the middle.

Figure 4. The mode shapes and the corresponding resonant frequencies of the vibrator when the
cavity is filled with air: (a) first-order mode with the resonant frequency as 6367.5 Hz; (b) second-order
mode with the resonant frequency as 13,373 Hz; (c) third-order mode with the resonant frequency at
22,402 Hz; and (d) fourth-order mode with resonant frequency at 25,533 Hz.

When the cavity is filled with fluid, the mode shapes and the corresponding resonant frequencies
are shown in Figure 5, and it can be seen that the resonant frequencies of the vibrator are all
reduced significantly due to the fluid-solid coupling effect, while the mode shapes remain unchanged.
The first-order working mode is suitable for low-frequency intermittent ejection, and the fourth-order
mode is suitable for high-frequency continuous ejection.

As the constraint stiffness of the vibrator should meet the requirements, which are determined
by the reaction force of the vibrator, so as to ensure the stability of the vibrator, the frequency
response curves of the reaction force under different conditions are obtained. The frequency response
characteristics of nozzle pressure are analyzed, as the ejection intensity is reflected by the acoustic
pressure at the nozzle. To obtain better ejection performance, the vibration frequency of the vibrator,
which determines the working frequency of the micro-jet, should be consistent with its resonance
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frequency. Thus, the influences of fluid properties and shell material on the resonant frequency of the
vibrator are analyzed as well.

Figure 5. The mode shapes and the corresponding resonant frequencies of the vibrator when the cavity
is filled with fluid: (a) first-order mode with the resonant frequency as close to 0 Hz; (b) second-order
mode with the resonant frequency as 7305.4 Hz; (c) third-order mode with the resonant frequency as
15,750 Hz; and (d) fourth-order mode with the resonant frequency as 16,423 Hz.

4.1. Influences of the Density of Fluid

The frequency response curves of the nozzle pressure of the micro-jet, when the acoustic velocity
in the fluid is set as 1400 m/s and the material of the shell is set as aluminum, and when the fluids
with different densities are ejected, are shown in Figure 6. As we can see that there are two peaks in
each frequency response curve, which occur at the frequencies corresponding to the first-order and
fourth-order resonant frequencies of the vibrator. It also demonstrates that the nozzle pressure of the
micro-jet is less affected by the density of the fluids when the vibrator vibrates in the first-order mode.
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Figure 6. The frequency response curves of the nozzle pressure of the micro-jet (fluid with different densities).

As the micro-jet generally operates at high frequency, so as to obtain high working efficiency, only
the influences of the density on the nozzle pressure of the micro-jet, when the vibrator vibrates in the
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fourth-order mode, are analyzed. The effects of the densities on the amplitude of the nozzle pressure,
when the vibrator vibrates in the fourth-order mode, are shown in Figure 7. We can see that with the
increase of density, the amplitude of the nozzle pressure increases gradually, and the change trend is
close to linear.

700 800 900 1000 1100
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Figure 7. The amplitudes of the nozzle pressure vary with different densities of the fluid.

The response curves of the reaction force of the vibrator, when fluids with different densities are
ejected, are shown in Figure 8. We can see that there is only on peak value in each response curve of
the reaction force of the vibrator and they all occur at the frequencies corresponding to the fourth-order
mode. Additionally, the reaction force of the vibrator, when it vibrates in the first-order mode, is very
small. The reason is that the inertia force created by the vibration of the vibrator, which determines the
reaction force, relates to the vibration velocity of the vibrator, and the vibration velocity of the vibrator
working in the fourth-order mode is larger than that of working in the first-order mode. Thus, the
required restraint stiffness when the vibrator works in the fourth-order mode should be larger.

Figure 8. The frequency response curves of the reaction force of the vibrator when ejecting fluids with
different densities.

As we can see from Figure 8, when the vibrator vibrates in the first-order mode, density has little
effect on the reaction force of the vibrator. Thus, only the influences of the density, when the vibrator
works in the fourth-order mode, on the ejection performance are analyzed here. The relationship
between the reaction force amplitude of the vibrator which working in the fourth-order mode, and the
densities of the fluids to be ejected is shown in Figure 9. As we can see, with the increase of the density,
the amplitude of the reaction force decreases gradually, and the changes of amplitude increases.
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Figure 9. The amplitudes of the reaction force vary with different densities of the fluids.

As we can see from Figure 6, when ejecting fluid with different densities, the resonant frequencies
of the vibrator working in the first-order mode are different, but the difference is small, and the
influences of the density on the resonant frequency of the vibrator working in the fourth-order mode
are shown in Figure 10. We can see that the resonance frequency of the vibrator decreases nearly
linearly with the increase of the density. Thus, the operating frequency of the micro-jet decreases when
the density of the fluid increases.

 
Figure 10. The fourth-order resonance frequencies of the vibrator varies with different fluid densities.

4.2. Influences of the Acoustic Velocity in Fluid

When the density of the fluid is set as 1000 kg/m3, the material of the shell is set as aluminum,
and the acoustic velocity in the fluid is set differently, the frequency response curves of the nozzle
pressure are shown in Figure 11. As we can see, there are also two peaks that occur in each frequency
response curve, which correspond to the first-order and fourth-order modes. It can be seen that the
frequency response curves of the nozzle pressure, when ejecting fluid with different acoustic velocity,
is nearly the same. Therefore, when the micro-jet works at low frequency, the effect of acoustic velocity
in the fluid on the nozzle pressure can be ignored.

As the acoustic velocity in the fluid has little influence on the nozzle pressure when the micro-jet is
working at low frequency, only the relationships between the acoustic velocity and the nozzle pressure
when the micro-jet is working at high frequency are obtained. The curve of the nozzle pressure
amplitude along with the increase of the acoustic velocity of the fluid is shown in Figure 12. We can see

82



Micromachines 2017, 8, 21

that with the increase of the acoustic velocity, the amplitude of the nozzle pressure increases gradually
and the change trend is close to linear.

Figure 11. The frequency response curves of the nozzle pressure of the micro-jet (fluid with different
acoustic velocity).

 
Figure 12. The amplitudes of the nozzle pressure vary with different acoustic velocity of the fluids.

The response curves of the reaction force of the vibrator, when fluids with different acoustic
velocity are ejected, are shown in Figure 13. We can see that the effect of acoustic velocity on the
reaction force of the vibrator, when it vibrates at low frequency, is also very small.

Figure 13. The frequency response curves of the reaction force of the vibrator when ejecting fluids with
different acoustic velocities.
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The relationship between the reaction force amplitude of the vibrator working in the fourth-order
mode and the acoustic velocity in the fluid is shown in Figure 14. As we can see, with the increase of
the acoustic velocity, the amplitude of the reaction force increases gradually, and the changes of the
amplitude decreases.

 

Figure 14. The amplitudes of the reaction force vary with different acoustic velocities of the fluid.

When the vibrator vibrates in the fourth-order mode, the influences of the fluid acoustic velocity
on the resonant frequency of the vibrator are shown in Figure 15. We can see that the resonance
frequency of the vibrator increases gradually with the increase of the acoustic velocity of the fluid, and
the changes of the frequency decrease. Therefore, the operating frequency of the micro-jet increases
along with the increase of the acoustic velocity of the fluid.

 

Figure 15. The fourth-order resonance frequencies of the vibrator varies with different fluid densities.

4.3. Influences of the Shell Material

When selecting different shell materials and the density and acoustic velocity of the fluid are set
as 1000 kg/m3 and 1400 m/s, respectively, the frequency response curves of the nozzle pressure of
the micro-jet are shown in Figure 16. As we can see, the impedances of the shell materials have little
influence on the first-order and fourth-order resonant frequencies of the vibrator, whereas, with the
changes of the impedance of the shell material, the changes of the peak value of the nozzle pressure
are relatively large.

84



Micromachines 2017, 8, 21

Figure 16. The frequency response curves of the nozzle pressure of the micro-jet (shell with
different materials).

The relationship curves between the material impedance of the shell and the nozzle pressure,
when the vibrator works in the first-order mode and fourth-order mode, are shown in Figure 17.
It can be seen that when the acoustic impedance of the shell material is less than 36 × 106 kg·m−2·s−1,
the nozzle pressure amplitudes of the micro-jet when working in the first-order mode are greater
than that of working in the fourth-order mode. With the increase of the acoustic impedance of the
shell, the nozzle pressure amplitude increases gradually and the change tends to be stable when the
micro-jet is working in the first-order mode. The nozzle pressure amplitude of the micro-jet, working
in the fourth-order mode, also increases along with the increase of the acoustic impedance of the shell;
however, the change tends to be enhanced.

Figure 17. The amplitudes of the nozzle pressure vary with different acoustic impedance of the shell.

When the shell materials with different acoustic impedances are selected, the response curves of
the reaction force of the vibrator are shown in Figure 18. We can see that when the micro-jet works at
a low frequency that the reaction force of the vibrator is little affected by the impedance of the shell
material. However, the impedance of the shell material has a great influence on the reaction force of
the vibrator, when the vibrator works in the fourth-order mode.

The influences of the impedance of the shell material on the reaction force amplitude of the
vibrator, when the vibrator works in the fourth-order mode, are shown in Figure 19. We can see that
the reaction force amplitude of the vibrator increases near linearly with the increase of the acoustic
impedance of the shell.
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Figure 18. The frequency response curves of the reaction force of the vibrator when selecting shells
with different acoustic impedance.
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Figure 19. The amplitudes of the reaction force vary with different acoustic impedance of the shell.

5. Conclusions

When fluid with relatively low density and low acoustic velocity is ejected, the shell material with
high acoustic impedance should be selected and the pulse voltage excitation should be enhanced, so as
to ensure the strength of the ejection.

In order to guarantee the required restraint stiffness and stability of the vibrator, when fluid
with relatively low density and high acoustic velocity is ejected, the shell material with small acoustic
impedance is recommended to reduce the reaction force amplitude of the vibrator.

Ejecting fluid with relatively small density and high acoustic velocity, when there are a variety
of fluids that can be selected, can increase the working frequency of the micro-jet, which means
the working efficiency of the micro-jet can be improved. In addition, the influences of the acoustic
impedance of the shell on the operating frequency of the micro-jet can be neglected.
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Abstract: This paper presents a triple-finger gripper driven by a piezoceramic (PZT) transducer for
multi-target micromanipulation. The gripper consists of three fingers assembled on adjustable
pedestals with flexible hinges for a large adjustable range. Each finger has a PZT actuator,
an amplifying structure, and a changeable end effector. The moving trajectories of single and
double fingers were calculated and finite element analyses were performed to verify the reliability of
the structures. In the gripping experiment, various end effectors of the fingers such as tungsten probes
and fibers were tested, and different micro-objects such as glass hollow spheres and iron spheres with
diameters ranging from 10 to 800 μm were picked and released. The output resolution is 145 nm/V,
and the driven displacement range of the gripper is 43.4 μm. The PZT actuated triple-finger gripper
has superior adaptability, high efficiency, and a low cost.

Keywords: micromanipulation; triple-finger; micro-gripper

1. Introduction

Applications of micro-manipulation can be extensively found in microsystem manufacture,
micro-medical, biomedical, optical engineering, and other important areas [1]. An increased requirement
in micro-manipulation has led to rapid development of manipulating grippers. For micro/nano-manipulation,
the manipulated objects usually have a small size, typically ranging from 1 μm to 1 mm, and are
difficult to handle. Hence, various micro-grippers have been designed and developed based on
different actuation techniques.

Grippers in the form of double- or triple-finger are normally driven by magnetic, electrostatic,
or piezoelectric actuation mechanisms [2]. The implementation of magnetic actuator requires a strict
manipulating environment, which cannot be affected by the ambient magnetic field interaction. Due to
the disadvantageous scaling of magnetic fields, magnetic microactuators have low force output which
limited their performance. The electrostatic actuation mechanism based on micro-electromechanical
systems (MEMS) can realize high precision with a small device size and generate a satisfactory amount
of output force [3,4]. But, the integrated structure is fragile and the micro-fabrication process is
complicated. Xu et al. developed a micro-gripper with integrated electrostatic actuator and capacitive
force sensor. The feasibility and effectiveness of the gripper device were validated by gripping a human
hair 76 μm of diameter [5]. Boudaoud et al. fabricated an electrostatic micro-gripper with a nonlinear
actuation mechanism while handling calibrated micro glass balls 80 μm of diameter [6]. Brandon
et al. made a MEMS gripper which can pick and place gold nano spheres. The gripper was able to
withstand gripping forces more than 700 μN and 38 μm out-of-plane bending deflections, proving
the gripping tips to be mechanically strong for micro/nano manipulation [7]. The pick-and-place
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of a 100 nm gold nano sphere inside an SEM has been demonstrated with this gripper. Due to
limitation of micro-fabrication process, the manipulation range of these two electrostatic grippers
cannot be adjusted. Piezoelectric micro-actuators, with their high speed and good motion resolution,
have been widely advocated to implement high precision grasping manipulation [8]. A major
disadvantage of a piezoelectric actuation mechanism is that the output motion is relatively small
(typically about 10–20 μm). To solve this problem, displacement amplification mechanisms are usually
employed [9]. Wang et al. developed a monolithic compliant piezoelectric-driven micro-gripper with a
large displacement amplification ratio of 16 [10].

Grippers with a wide clamping range are adaptable to manipulate various objects. Thus,
the manipulation efficiency can be greatly improved. Sun et al. developed a piezo-actuated
flexure-based micro-gripper being capable of handling various sized micro-objects with a maximum
jaw displacement of 150.8 μm and a high amplification ratio of 16.4 [11]. It adopted monolithic structure
and had a fixed manipulating range. Nevertheless, most structures of the reported micro-grippers
cannot be changed according to different targets, thus confining the jaw displacement to variously
sized micro-objects. Compared with the monolithic structure of a micro-gripper, a multi-actuator
system driven by numerous identical single actuators connected in parallel and in series is highly
adaptable to handle different objects. In this light, it is the best choice for the mechanical structure
design of the micro-gripper.

A common design attribute of the micro-grippers proposed in recent years is a double-finger
design [12], which has been proved to have a better performance in grasping micro-objects [13,14].
However, it could not release objects effectively due to the adhesion force [15]. In the micro scale,
the strong adhesion force would make the micro-object adhere to the end-effector during release,
especially for the objects under 50 μm. To solve this issue, many researchers have conducted significant
work on the approaches to ease the difficulty of release. Those solutions and manipulation strategies
can be roughly divided into two types, passive release and active release.

The basic idea of passive release is to increase the adhesion force between object and substrate
or decrease the adhesion force between object and gripper. Liquid with great viscosity was painted
on the basement to increase the adhesion force between object and substrate [16]. By scrolling the
object, contacting surface can be reduced to achieve a success release [17]. These strategies are strongly
dependent on the surface properties of substrate, and are greatly influenced by the materials and
environment. Each process of release would take a very long time with low efficiency and poor
operation repeatability.

Other approaches for the separation of objects and manipulators are proposed by using an external
electric field, magnetic field force [18] or liquid frozen method [19], which called active release without
contacting with the substrate. Those kinds of releasing ways do not depend on the surface properties
of the substrate, but have difficulty in the miniaturization of grippers and require complex peripherals.
Yet the release precision is poor. Sun et al. presented a novel MEMS gripper with a plunging structure
for releasing the objects adhered to a gripping arm [20]. Although these triple-arm grippers are able to
releasing the microspheres, the temporary impact of the plunging arm is so strong that the structure
of some soft micro-objects may be damaged. And, the tilt thrust may affect the release accuracy to a
certain extent. High frequency mechanical vibration of manipulation tools for object releasing are also
conducted though piezoelectric ceramics driving [21], while the precise positioning is not achieved.

This paper reports the design of a separate-structured triple-finger gripper with a piezoelectric
actuation mechanism for multi-target micromanipulation. Different from those grippers with gripping
arms or fingers distributed in the same plan, this triple-finger gripper are designed in a spatial
distributed structure enabling highly stable and repeatable pick-and-place of micro-objects. Grippers
described above are limited in their clamping range. By adjusting the positions of the three separate
assembly modules, which can be replaced by a variety of components suitable for different tasks,
the gripper is able to achieve a wide clamping range and a superior adaptability for objects in different
size. It would be less costly for manipulating multi-targets with this type of gripper compare to
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those grippers limited in a determinate range. In addition, the end effectors of three fingers can
be interchangeable in shape, material, and size according to different shaped manipulating targets.
Moreover, the third finger aided for releasing changed the acceleration of the releasing object by
knocking on the object. The releasing process aided with a third finger overcomes the adhesion force
between the third finger and the objects, which achieves an effective release for objects. In Section 1,
we have given a general talk about some previous research on micro-grippers. The detailed structure
and motion analysis of the proposed gripper are described in Section 2. Simulations and Calibration
of the gripper are presented in Section 3. Experimental results of pick-and-place micro-objects by
double-finger or triple-finger gripper and discussions are included in Section 4.

2. Design and Motion Analysis of Gripper

Figure 1a shows a schematic diagram of the micro-gripper with a triple-finger. The overall
size of the gripper is about 107 mm × 94 mm × 67 mm. The left, right, and the up fingers are
assembled in an x-y-axis adjustable pedestal via three adjustable blocks. Each finger contains a z-axis
adjustable pedestal, an amplifying structure, and an end-effector. The amplifying structure is driven by
a piezoceramic (PZT) actuator which can generate a maximum displacement of 10 μm. The structure
of the z-axis adjustable pedestal is specially designed with five pairs of thread holes on the both sides
of the groove to adjust the initial clamping range of the gripper. By fixing the fingers on the different
holes, the gripper can reach a wide clamping range to meet the requirements of micro-objects with
different sizes and shapes. According to different manipulating micro-objects, variable end effectors
can be replaced, such as tungsten tipped probes, fibers, atomic force microscope (AFM, Olympus,
Tokyo, Japan) probes and so on.

 

Figure 1. (a) Schematic drawing of the triple-finger gripper; (b) Front view of the x-y adjustable
pedestal.

The x-y-axis and z-axis adjustable pedestals are employed to expand the range of the clamping
objects and avoid deviation in a certain range. Figure 1b shows a front view of the x-y-axis adjustable
pedestal. It contains three adjustable blocks. Two through-holes and one threaded-hole in each
adjustable block are used to connect and modulate the z-axis adjustable pedestal. Flexible hinges
are designed in between the adjustable blocks and the frame of the pedestal. By using swivel bolts
through the adjustable holes in the frame, every block is able to make micrometric displacements along
x- and y-axis. Figure 2a shows a simplified diagram of the x-y-axis motion of the blocks. The frame is
assumed as the fixed end and the flexible hinges are simplified as cross lines. Every adjustable block is
driven by three swivel bolts along x and y-directions as identified in red arrow.
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Figure 2. (a) Motion diagram of the x-y adjustable pedestal; (b) The displacements of the up, left,
and right blocks in x-y plane, respectively.

Taking the center of every adjustable block as the datum point, the displacement range of every
block is calculated. As shown in Figure 2b, the movement range of the up block is from −10 to 10 μm
in x-axis and from −10 to 0 μm in y-axis. The displacement range of the left block is from 0 to 10 μm
in x-axis and from −10 to 10 μm in y-axis. The range of the right block is from −10 to 0 μm in x-axis
and from −10 to 10 μm in y-axis. With these adjustable blocks, three separate fingers can be aligned
accurately. With a resolution of micrometers scale, the gripper can be assembled in a relatively high
precision for clamping micro-objects.

Figure 3a shows the assembled single finger structure and Figure 3b shows the simplified motion
diagram of a single finger. The bolt can adjust the displacement of the finger along z-axis direction in a
certain range. The amplification mechanism is essentially a micro-leverage structure, which contains
two flexible hinges, a spring structure, and an embedded PZT actuator. The two flexible hinges can be
considered as a fulcrum point. The PZT actuator is pre-tightened initially by a bolt and it produces a
driving force F on the amplfying structure at point A. The spring structure helps the finger to recover
the original position as the driving force of the PZT transducer is removed.

 

Figure 3. Assembled single finger structure and motion diagram of a single finger.

Figure 4a shows the dimension parameters of a simplified single finger. θ1 is the angle between
OB1 and OC1. a is the length of OD, i.e., 62.5 mm, and d is the length of B1D, i.e., 30 mm. c is the length
of OC1.
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Figure 4. (a) Simplified diagram and the maximum output of a single finger (unit: mm); (b) Trajectories
of left and right fingers and gripping distance between these two fingers.

Assuming the PZT actuator applied a driving force F at point A, the output displacement of point
A on the finger is e. The moving angle can be expressed as:

tan θ3 = e/F (1)

The maximum output displacement of piezoelectric transducer is 0.01 mm, which is the length of
e. θ2 is the moving angle of the finger, which equals to θ3. Trajectory length L of the single finger is
calculated to be 0.118 mm.

Figure 4b shows the trajectory between the left and right fingers. The motion of fingers is similar
to a lever turning around a fixed point. Distances between the endings of finger can represent the
range of gripping targets. If y0 is zero, gripping distance between left and right fingers is shown
in Figure 4b. These values of distance can be represented using functions as follows. The variable
named y1 represents distances between the finger’s end and the gripper’s center line, which can be
expressed as:

[x1 + c × cos(θ1 + θ2)]
2 + [y1 − c × sin(θ1 + θ2)]

2 = c2, (0 ≤ x ≤ xn) (2)

where b is 17.33 mm, a is 62.5 mm, and c is 64.86 mm. Therefore, xn can be calculated as:

xn = c × sin(θ1 + θ2)− b (3)
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The variable named y2 represents distances between the left finger’s end and the right’s one
which can be expressed as:

[x1 + c × cos(θ1 + θ2)]
2 + [

y2

2
− c × sin(θ1 + θ2)]

2
= c2, (0 ≤ x ≤ xn)

3. Simulation and Calibration of Gripper

The force-displacement and yield limit of the x-y-axis adjustable pedestal are analyzed by using
finite element analysis (FEA) software. The spring steel with Young’s modulus of 200 GPa is selected
as the pedestal material. In the simulation, the swivel bolt applies a concentrated force of 50 N on
top adjustable block in three strategies. In Figure 5a, the applied force is in negative direction of
y-axis, and the maximum displacement is obtained as 13.7 μm. Similarly, as the force is applied in
positive direction of x-axis, the maximum displacement is 13.0 μm, as shown in Figure 5b. In Figure 5c,
a maximum displacement of 17.1 μm can be obtained when a combined force along negative y-direction
and positive x-direction is applied on the top block. For these three cases, the displacement of the
block is in a uniform distribution. Figure 5d–f shows the corresponding stress distribution of these
three cases. It is found that the stress concentration occurs at the flexible hinges. The maximum stress
of the hinges is about 262 MPa, which is far less than its yield strength of 520 MPa. It is verified that
the proposed design meets the application requirements.

 

Figure 5. Deformation analysis of the x-y-axis adjustable pedestal as the applied force of bolt is
in (a) y-axis, (b) x-axis, and (c) both x- and y-axis. Stress analysis of the x-y-axis adjustable pedestal as
the applied force of blot is in (d) y-axis, (e) x-axis, and (f) both x- and y-axis.
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A similar deformation analysis of the z-axis adjustable pedestal and amplifying structure are
conducted and shown in Figure 6. As a concentrated force of 50 N is applied, a displacement
of 16.1 μm can be achieved along z-axis as seen in Figure 6a. In Figure 6b, a maximum deformation of
51.3 μm is obtained at the driving force of PZT transducer of 50 N.

 

Figure 6. (a) Deformation analysis of the z-axis adjustable pedestal as the applied force of bolt is in
z-axis. (b) Deformation analysis of a single finger as the driving force of PZT transducer is applied.

Figure 7a shows the displacement calibration testing system. It consists of a power driving source,
a single finger, a laser sensor, a displacement decoder, and an oscilloscope. When a driving voltage
is applied from 0 to 150 V, the PZT transducer can monotonously generate a displacement output
from 0 to 10 μm. The end tip displacement of the single finger against driving voltage can be measured
by the laser sensor and recorded by the oscilloscope via a displacement decoder. As seen in Figure 7b,
the actuation calibration curve is nonlinear, which is due to the arc trajectory of the finger-tip. Besides,
errors in machining and assembly process may also have an impact on the output displacement.
The result shows that the displacement range of the fingertip is from 0 to 21.7 um as the driving
voltage varying from 0 to 150 V. Therefore, the clamping range of the left and right fingers is 43.4 μm.
The resolution of the output displacement is 145 nm/V.

Figure 7. (a) Displacement calibration testing system; (b) Output displacement of single finger.

4. Experiments and Discussion

As shown in Figure 8, a manipulation system is constructed to demonstrate the capability of the
triple-finger gripper. The gripper is installed on a 3-DOF positioning stage (Suruga Seiki, Shisioka,
Japan), by which the gripper can be adjusted to the target location. The objects and substrate are placed
on a 2-DOF positioning stage, which assist the gripper to locate the objects. A microscope fixed on the
other 3-DOF positioning stage helps to identify the objects and get clear images. Three fingers of the
gripper are controlled by three piezoelectric ceramics via three channels. A charge-coupled device
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(CCD) camera (Daheng Imavision, Beijing, China) is used to record the manipulation processing in
real time. Several kinds of end effectors are fixed on the gripper to manipulate various objects.

 
Figure 8. The manipulation setup of the triple-finger gripper.

4.1. Experiment of Double-Finger Gripper

The manipulation experiment of double-finger gripper is firstly conducted. The processes of
picking and placing a glass hollow sphere with a diameter of 800 μm and an iron sphere with a
diameter of 80 μm are illustrated in Figure 9. Two optical fibers are used as the up and right end
effectors of the fingers. Due to the adhesion force, the up and right fingers can pick up the sphere
on top of the substrate with a distance of d as shown in Figure 9a. Since the up finger is controlled
by the driving PZT transducer, it can provide a vertical vibration to release the adhered sphere as
shown in Figure 9b. Similarly, Figure 9c,d show the process of picking and placing an iron sphere
with a small diameter of 80 μm. In the experiment, the manipulating objects are different, and the
diameter of the objects varies from 80 to 800 μm. It is seen that the gripper is adaptable for multi-target
micromanipulation with a quite large clamping range by the adjustable pedestal and PZT driving
amplifier structure introducing for each finger.

 

Figure 9. (a) Pick and (b) place a glass hollow sphere with a diameter of 800 μm; (c) Pick and (d) place
an iron sphere with a diameter of 80 μm.
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4.2. Experiment of Triple-Finger Gripper

Figure 10a shows the triple-finger gripper including left, right, and up end effectors on three
fingers. The left end effector is an AFM probe. The up and right end effectors are two tungsten tipped
probes. The triple-finger gripper is able to clamp boron silicate sphere with a diameter of 10 μm in
y-direction as seen in Figure 10b. However, without the assist of the third up finger, the sphere failed
to release from the fingers due to the adhesion force. It can be seen from Figure 10c that, as the left and
right finger open, the sphere is adhered to one of the fingers.

 

Figure 10. (a) Triple-finger gripper; (b) Gripping the boron silicate sphere; (c) Sphere failed to release
from the fingers; (d) Fingers with adhered sphere; (e) Releasing process with the up finger.

To release the adhered sphere, the up finger is adjusted to the position that above the sphere
in Figure 10d. By applying a driving voltage of 20 V and a sinusoidal signal to the PZT transducer,
the up finger is able to generate a high frequency vibration, and the sphere is able to release from
the right finger easily. Figure 10e shows the enlarged image after releasing process. It is verified
that a triple-finger gripper with PZT actuation mechanism gains the advantage to overcome the
adhesive force in micro-manipulating process. Therefore, it has a large manipulating range for
various micro-objects.

5. Conclusions

This paper demonstrates a PZT actuated gripper which has the ability to pick and release
multi-sized objects. The gripper contains three separated fingers, which can be changed in
manipulating range through adjustable blocks. The gripper can be fabricated by low-cost machining
methods. The three fingers can be assembled with variable end effectors such as tungsten probes,
fibers, or AFM probes. The output resolution and displacement range of each single finger is as high
as 145 nm/V and 21.7 μm, respectively. To release the objects, the up finger can be controlled to
provide vertical vibration. In the experiment, the glass hollow sphere with a diameter of 800 μm
and the iron sphere with a diameter of 80 μm were picked and placed by the up and right fingers.
The iron sphere of 10 μm in diameter was gripped by the tungsten tipped probes and released by
the vibration of the up finger. All these results showed that the triple-finger gripper works well for
multi-target micromanipulation.
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Future work will focus on force control of the gripping process and optimization of adjustable
mechanism. Force control of the griper would improve the efficiency and avoid destruction in
manipulation. Optimization of adjustable mechanism would raise the accuracy of gripper and
manipulate smaller objects. Additionally, more manipulating strategies will be investigated to pick,
transport, and place more targets in the future, which will provide experimental guidance for the design
of special micro-manipulation tools. Applications of this devised micro-gripper in super-resolution
imaging and inertial confinement fusion adhesion problem solving will be further studied in the future.
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Abstract: In this study grape must fermentation is monitored using a self-actuating/self-sensing
piezoelectric micro-electromechanical system (MEMS) resonator. The sensor element is excited in
an advanced roof tile-shaped vibration mode, which ensures high Q-factors in liquids (i.e., Q ~100
in isopropanol), precise resonance frequency analysis, and a fast measurement procedure. Two sets
of artificial model solutions are prepared, representing an ordinary and a stuck/sluggish wine
fermentation process. The precision and reusability of the sensor are shown using repetitive
measurements (10 times), resulting in standard deviations of the measured resonance frequencies of
~0.1%, Q-factor of ~11%, and an electrical conductance peak height of ~12%, respectively. With the
applied evaluation procedure, moderate standard deviations of ~1.1% with respect to density values
are achieved. Based on these results, the presented sensor concept is capable to distinguish between
ordinary and stuck wine fermentation, where the evolution of the wine density associated with the
decrease in sugar and the increase in ethanol concentrations during fermentation processes causes
a steady increase in the resonance frequency for an ordinary fermentation. Finally, the first test
measurements in real grape must are presented, showing a similar trend in the resonance frequency
compared to the results of an artificial solutions, thus proving that the presented sensor concept is a
reliable and reusable platform for grape must fermentation monitoring.

Keywords: micro-electromechanical system (MEMS); resonator; liquid sensing; piezoelectric;
aluminium nitride (AlN); grape must fermentation

1. Introduction

The fermentation of grape must into wine involves the interaction between yeasts, bacteria, fungi,
and viruses. This complex biochemical process has been recognized and studied since the pioneering
investigations of Louis Pasteur in the 1860s. During such a fermentation process, yeasts utilize sugars
and other constituents of the grape must for their growth, converting these to alcohol (ethanol), carbon
dioxide, and other metabolic end products [1]. A serious problem in winemaking occurs when the
yeast growth and the alcoholic fermentation stops prematurely, which results in a wine with residual,
unfermented sugar and a concentration of ethanol less than expected. This is indicated in minor
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deviations of the physical properties, such as density and viscosity, when compared to an ordinary
fermentation, and the wine is commonly referred to as being stuck, or sluggish [2,3].

There are several approaches to monitor such a fermentation of wine according to different
parameters related to the process. El Haloui et al. [4], Nerantzis et al. [5], and Koukolitschek [6]
reported on density determination based on differential pressure measurements or flexural oscillators,
respectively. By monitoring the CO2 release, the fermentation process can also be monitored, as
reported in [4]. Another approach is to determine the yeast cell population evolution by means of
impedance [7] or turbidity measurements [8]. The propagation velocity in grape must, determined
by ultrasound measurements, can also be used for monitoring the fermentation process [9,10]. Lastly,
a reflective technique based on fiber optics was reported in [11,12]. Basically, all of these different
approaches have their specific drawbacks; some lack enough accuracy, others have only been tested in
discrete must samples and, in some cases, the sensor output performance deteriorates dramatically due
to an increasing deposition of tartaric acid crystals on the active surface of the sensors [12]. In recent
years, cantilever-like micro-electromechanical system (MEMS) resonators have become a reliable
platform for various sensing applications [13]. One significant advantage of such resonators is that
they can usually be fabricated using silicon micromachining technology and are, therefore, smaller
and much cheaper to produce, compared to traditional quartz crystal resonators. So-called “fluidic
channel resonators”, in which the fluid passes through a fluidic channel in the moving part of the
resonator, is beneficial due to their high-precision capabilities, especially for molecular detection [14],
blood coagulation [15], or to quantify other physical properties of fluids, such as mass density or
viscosity [16,17]. With such a system only a small amount of liquid (5 μL [18]) is needed and masses can
be detected down to the attogram regime [19]. For actuation and sensing, lasers are often used to drive
such micro- [20] or nano- [21] mechanical resonators. This approach is considered to be a very accurate
and flexible, with the drawback of making the measurement setup bulky, expensive, and mobile
integration impracticable. A disadvantage of fluidic channel resonators is their low reusability, which
is caused by potential clogging of the fluidic channel. Therefore, such resonators are often designed as
one-time use devices, which increases the cost of the overall system. In contrast, solid resonators are
often easier to clean, which increases reusability, but generally lacks in precision compared to fluidic
channel resonators. The recent improvements in the field of piezoelectric solid MEMS resonators
for liquid monitoring purposes predestines such a system for sensing applications, where decent
accuracy is required [22–24]. The piezoelectric actuation and readout mechanism keeps the sensor
device reasonably small and does not require any further laser-based measurement equipment. In this
particular field, the question arises whether a micro-machined solid resonator is capable to detect the
minor deviations in the physical properties of the grape must during the fermentation process, and
whether it offers a promising alternative to the presented measurement approaches. Most recently,
Toledo, et al. [25] introduced a phase locked loop-based oscillator circuit in combination with a
commercial lock-in amplifier to track the oscillation frequency of the solid resonators [26]. Using this
measurement setup, in combination with an evaluation procedure presented in [27], it could be shown
that the monitoring of grape must fermentation using solid MEMS resonators is, in principal, possible.

In this study we will focus on the reliability and the reusability of such a solid resonator and what
impact potential contaminations caused have on the sensor characteristics despite the harsh liquid
environment. Based on these investigations, an estimation of the precision of the sensor concept is
given. Furthermore, different measurement and evaluation procedures are used to validate the data
presented in [25]. Finally, test measurements in a real grape must are presented and compared to
those of the artificial solutions, thus proving the suitability of the presented concept for grape must
fermentation monitoring.
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2. Experimental Details

2.1. Sensor Specification

The piezoelectric MEMS resonator is fabricated on four-inch SOI-wafers and features a length of
L = 2524 μm, a width of W = 1274 μm, and a thickness of T = 20 μm, passivated with a SiO2/Si3N4

bi-layer of tiso = 250/80 nm. For actuating and sensing, an aluminium nitride (AlN) thin film with a
thickness of tAlN = 1 μm is sputter-deposited onto the plate surface and is sandwiched between two
chromium/gold thin film electrodes with equal thickness for the bottom and top electrode of tbe = tte =
50/450 nm. In Figure 1, a typical sensor chip after packaging and wire bonding with a released single
side-clamped resonator, and its top view as an inset, are shown.

 

Figure 1. Optical micrograph of the in-house fabricated silicon die (6 mm × 6 mm), containing one
piezoelectric actuated plate (dimensions: 2524 μm × 1274 μm × 20 μm) using advanced electrode
patterning considering the volume-strain of the modal shape presented in Figure 2.

The corresponding mode shape is illustrated by finite-element method (FEM) eigenmode analyses
of the fourth-order (15-mode) of the roof tile-shaped mode in Figure 2a in side and, in Figure 2b, in top
view. In Figure 3 a schematic cross-sectional view is presented, showing the electrode design optimized
for the fourth-order of the roof tile-shaped mode and four electrodes (wo = 335 μm, wi = 272 μm)
with alternating anti-parallel (↓↑↓↑ ) electric excitation to ensure in addition a collection of almost all
generated polarization charges without cancellation. The result of this tailored electrode design is an
increased deflection in z-direction and, in further consequence, an increased strain related conductance
peak as reported in [28], which is one of the major reasons why this oscillation mode is used in this study.
Furthermore, it is worth mentioning that the resonance frequencies in liquids do not exceed 600 kHz,
which simplifies the electrical measurement procedure and minimized any pressure-induced energy
losses by sound waves, which requests compressive fluid properties as reported in [29]. Secondly, high
Q-factors above 100 are achieved with this type of mode, which facilitates a high sensor sensitivity.
To overcome the obstacle of parasitic current caused by the conductivity of the model solutions, the
entire sensor element, including bond wires and ceramic package, is passivated with an amorphous
silicon dioxide thin film with a thickness of ~4 μm.

Figure 2. Visualization in side view in (a) and in top view in (b) for a plate excited in the fourth-order
of the roof tile-shaped mode (15-mode). The colored areas on the cantilever surface represent the local
volume strain distribution.
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Figure 3. Schematic cross-sectional view on the micro-electromechanical system (MEMS) resonator
illustrating the electrode design and the plate support of the 15-mode.

2.2. Artificial Model Solutions and Sensing Principle

Two sets of model solutions are prepared, using a R200D microscale from Sartorius (Goettingen,
Germany), representing an ordinary (N1–9) and a stuck/sluggish (S1–9) wine fermentation process,
consisting of fructose, glucose, glycerol, and ethanol [30]. The specific compositions are listed in Table 2
and Table 3 and show significant differences in the fructose, glucose, and ethanol concentrations, when
comparing ordinary (Table 2) and stuck/sluggish (Table 3) wine fermentation processes. The resonator
is immersed in these model solutions and actuated in the fourth-order of the roof tile-shaped mode
with an Agilent 4294 A impedance analyzer (excitation voltage Vexc = 500 mV AC, Keysight, Böblingen,
Germany). The actuation in the resonance leads to an increased average deflection and to increased
strain on the sensor surface, respectively. Due to the piezoelectric effect, polarization charges are
generated, which are detected by the impedance analyzer as an increased conductance peak ΔG.
A typical peak characteristic of the piezoelectric MEMS resonator is shown in Figure 4 when immersed
in the model solution N1. This measurement procedure lasts only ~10 s. Subsequently, the sensor is
cleaned with dish soap and isopropanol, followed by a 20 min drying process at room temperature to
avoid tartaric acid crystal deposition, as reported in [12].

From these output characteristics, the resonance frequency f res and Q-factor Q are determined
using the Butterworth-van Dyke equivalent circuit, in combination with a Levenberg-Marquardt
algorithm [31]. Once f res and Q are obtained for all solutions (N1–N9 and S1–S9), an evaluation
procedure taken from [32] is used to determine the actual density ρf using:

ρf =
Im(Zm)− ωresLm + 1

ωresCm
− Re(Zm) + Rm

ωresd1
(1)

Here, Zm describes the impedance of the equivalent resonance circuit including a resistance
Rm, an inductance Lm and a capacity Cm at a certain angular frequency ωres in liquid. The constant
parameter d1 is determined in a calibration liquid with known viscosity and density, using:

d1 =
Im(Zm)− ωresLm_air +

1
ωresCm_air

− d2
√

μfρfωres

ωresρf
, (2)

with:

d2 =
Re(Zm)− Rm_air√

μfρfωres
(3)

where Rm_air, Lm_air, and Cm_air are the corresponding unperturbed resonator values in air and are
given in Table 1. For this initial calibration process values supplied by the manufacturer for μf and ρf
of N4 and S4 are used to calculate d1 and d2, as shown in Equations (2) and (3), respectively. Once these
two constants are obtained, all further values of ρf can be determined using Equation (1).
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Table 1. Characterization of the resonator in air. Rm_air, Lm_air, and Cm_air represent the unperturbed
resonator in air.

f res Q Rm_air Lm_air Cm_air

[kHz] [1] [kΩ] [mH] [fF]
1014.1 329.6 1.365 70.662 348.77

2.3. Real Grape Must Fermentation

For the investigation of a real fermentation process, Airen grapes are processed into grape must
with a subsequent filtering process to avoid damaging the sensor by large grape skin particles. After this
procedure, the grape must is inoculated with 0.2 g/mL of Saccharomyces cerevisiae strain (UCLM S325,
Fould-Springer, Ciudad Real, Spain) previously rehydrated, as described in the supplier guidelines.
A cylindrical fermenter (mini-Bioreactor Applikon Buitechnology B.V., Delft, The Netherlands) is
filled with 3 L of inoculated must, where the temperature was controlled at 28 ◦C. The fermentation
monitoring is carried out by means of the extraction and analysis of 7 mL-samples approximately
every 5 h during the following six days. After extraction, the samples were centrifuged for one minute
at 1000 rpm (Universal 32R Hettich, Tuttlingen, Germany) and kept refrigerated until analysis.

Figure 4. Representative electrical output characteristics given the conductance G and susceptance B of
piezoelectric MEMS resonators when excited in the fourth-order of the roof tile-shaped mode in model
solution N1.

Table 2. Composition of the model solutions representing a desired wine fermentation process from
N1 (raw grape must) up to N9 (ordinary fermented model solution) [30]. The measured values are
obtained using a R200D microscale from Sartorius.

Solution Fructose Glucose Glycerol Ethanol

- [g/L] [g/L] [g/L] [% v/v]

- Nom. Meas. Nom. Meas. Nom. Meas. Nom. Meas.

N1 110 109.90 100 99.90 0 0 0 -
N2 90 89.90 80 80.00 0 0 1 -
N3 70 69.95 30 30.03 5 4.99 6 -
N4 60 59.97 20 19.99 5 5.00 8 -
N5 40 39.90 10 9.95 6 5.99 9 -
N6 20 19.90 2 2.00 7 6.97 12 -
N7 8 8.02 2 2.00 7 6.99 13 -
N8 5 5.00 2 2.00 7 6.99 13 -
N9 2 2.00 1 0.99 9 8.99 14 -
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Table 3. Composition of the model solutions representing a stuck wine fermentation process from S1

(raw grape must) up to S9 (stuck fermented model solution) [30]. The measured values are obtained
using a R200D microscale from Sartorius.

Solution Fructose Glucose Glycerol Ethanol

- [g/L] [g/L] [g/L] [% v/v]

- Nom. Meas. Nom. Meas. Nom. Meas. Nom. Meas.

S1 110 109.90 100 99.98 0 0 0 -
S2 90 90.00 80 79.98 0 0 1 -
S3 80 79.98 60 60.01 3 3.00 3 -
S4 70 69.98 30 29.98 5 4.99 6 -
S5 66 65.99 27 27.03 5 4.99 7 -
S6 64 64.00 26 26.06 5 5.01 7 -
S7 62 61.99 24 24.00 6 5.99 7 -
S8 58 57.99 22 22.00 6 5.99 7 -
S9 57 56.99 21 21.00 7 7.01 8 -

3. Results

In Figure 5, the results from the reproducibility measurements are depicted for N3 and N7 of an
ordinary fermented grape must in Figure 5a, and for S7 of a stuck fermented grape must in Figure 5b.
The measurement procedure, including the cleaning process presented in the previous part of this
paper, is repeated for 10 times. Thereby, standard deviations in the resonance frequency f res of 0.102%
for N3, 0.085% for S7 and 0.094% for N7 are obtained, thus showing a high potential for the targeted
application. Higher standard deviations are obtained for the Q-factor (~11%) and the conductance peak
(12%), which, however, have minor impacts on the final calculation of the density values, indicated by
a standard deviation of the calculated density values of 1.2% for N3, 1.1% for N7, and 1.0% for S7.

Figure 5. Precision evaluation on the basis of two model solutions of an ordinary fermented grape
must in (a), and of a stuck fermented grape must in (b) at 22 ◦C.

The compositions of the artificial wine solutions for an ordinary (N1–9) wine fermentation process,
listed in Table 2, shows a decrease in fructose and glucose concentration from 110 and 100 g/L (N1) to
2 and 1 g/L (N9), respectively. Likewise, the glycerol and ethanol concentration are increasing from
zero to 9 g/L and 14% v/v. In the case of a stuck fermented wine process, as it is listed in Table 3, the
fructose and glucose concentrations decrease to 50 and 20 g/L, respectively, and remain constant at
these values. In parallel, the increase in the ethanol concentration stops as well, and does not exceed
a value of 8% (v/v). These significant changes in the composition of the model solutions affect the
resonance response of the MEMS sensor as shown for both an ordinary fermentation in Figure 6 and a
stuck fermentation in Figure 7. In the first case, the resonance frequency increases monotonically for
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the ordinary fermentation (see Figure 6). In contrast, the increase of the resonance frequency during
the investigation of the stuck fermentation plateaus at ~575 kHz.

Figure 6. Electrical output characteristics of the piezoelectric MEMS resonator for an ordinary
fermentation process N1–N9, starting with N1 at the bottom and all other model solutions (N2–N9)
stacked above. The y-axis is scaled as arbitrary unit [a.u.].

Figure 7. Electrical output characteristics of the piezoelectric MEMS resonator for a stuck fermentation
process S1–S9, starting with S1 at the bottom and all other model solutions (S2–S9) stacked above.
The y-axis is scaled as arbitrary unit [a.u.].

In Figure 8, the results of the resonance response analysis are compared to the ethanol
concentration σEthanol for both sets of model solutions. Significant differences in the resonance
frequencies f res are evident with increased σEthanol values when comparing ordinary and stuck
fermentation, as well as a good correlation between σEthanol and f res. The combination of unfermented
sugars and lower concentration of ethanol in a stuck fermentation (see Table 3) leads to a flat resonance
characteristics, allowing to detect stuck fermentation. The results from the repeatability measurements
of N3, N7, and S7 from Figure 5 are used to estimate the precision of the MEMS sensor. For a further
analysis of this particular progress a second resonator with the same geometry is excited in the first roof
tile-shaped mode (12-mode). The resonance frequencies in both sets of model solutions amount around
1/4 of the resonance frequency of the 15-mode (~160 kHz) and are depicted in Figure 9, showing a
similar characteristics in the frequency response. Compared to the results presented in Figure 7 the
absolute change in resonance frequency is also ca. four times lower, leading to a lower sensitivity for
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the 12-mode. Therefore, all further evaluations are performed using the results from the resonator
excited in the 15-mode. In Figure 10 the resonance frequencies for both parameter sets (N1–9 and S1–9)
as a function of the corresponding density values are depicted, showing a linear increase in f res from
567 kHz (N1) to 582 kHz (N9), and again a premature stop at ~575 kHz for the stuck fermentation.

Figure 8. Fifteen-mode frequency response analysis of an ordinary (N1–9) and a stuck (S1–9)
fermentation process in comparison to the nominal ethanol concentration of the investigated model
solutions. The inserted lines serve as guide to the eye.
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Figure 9. Twelve-mode frequency response analysis of an ordinary (N1–9) and a stuck (S1–9)
fermentation process in comparison to the nominal ethanol concentration of the investigated model
solutions. The inserted lines serve as guide for the eye.

As a next step, the density values of the model solutions are evaluated with a Stabinger SVM3000
viscometer (Anton Paar, Graz, Austria). The results are listed in Table 4 and depicted in Figure 10,
showing an almost linear decrease for N1–9 from 1.081 (N1) to 0.996 g/cm3 (N9) and a premature stop
in the density decrease for S1–9 with a minimal value of 1.020 g/cm3 (S7). Furthermore, the results of
the density determination are compared to those from the Stabinger viscometer in Figure 11, showing
low deviations and the possibility to distinguish between ordinary and stuck fermentations at an early
stage of the fermentation process.
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Table 4. Determined density values (Res.) for ordinary and stuck/sluggish model solutions and their
comparison to reference values (Stabinger) obtained with a Stabinger SVM3000 viscometer.

Ordinary Stuck/Sluggish

Sol. Density ρ [g/cm3] Sol. Density ρ [g/cm3]

- Stabinger Res. Dev. - Stabinger Res. Dev.

N1 1.081 1.082 −0.001 S1 1.075 1.075 -
N2 1.065 1.063 0.002 S2 1.063 1.064 −0.001
N3 1.032 1.033 −0.001 S3 1.050 1.050 -
N4 1.020 1.023 −0.003 S4 1.031 1.031 -
N5 1.007 1.010 −0.003 S5 1.028 1.023 0.005
N6 0.994 0.994 - S6 1.025 1.024 0.001
N7 0.988 0.989 −0.001 S7 1.020 1.029 −0.009
N8 0.985 0.978 0.007 S8 1.023 1.020 0.003
N9 0.996 0.995 0.001 S9 1.021 1.020 0.001

0.98 1.00 1.02 1.04 1.06 1.08
550

555

560

565

570

575

580

585

590

595

600

S9 S8

S7 S5
S6

S4

S3 S2

N1

N2

N3
N4N7

N5

N6N8
N9

Ordinary fermentation
Stuck fermentation

Re
so

na
nc

e 
fr

eq
ue

nc
y 

f re
s [

kH
z]

Density ρ [g/cm3]

S1

Fermentation Process

Figure 10. Correlation between the measured resonance frequencies and the corresponding density
values for an ordinary (red) and a stuck (black) fermentation process.

Figure 11. Density values for ordinary (N1–9) and stuck (S1–9) fermented model solutions evaluated
with the piezoelectric MEMS resonator (unfilled dots) and its reference values obtained with a Stabinger
SVM3000 viscometer (filled dots). The inserted dashed lines serve as guides for the eye.

107



Micromachines 2017, 8, 200

Finally, the results of the frequency response analysis for real grape must fermentation are
presented in Figure 12, showing a similar trend in the change of f res, compared to those of the artificial
solutions presented in Figure 8, which indicates the high potential of the presented sensor system to
withstand the harsh conditions during the fermentation process even in real grape must.

Figure 12. Fifteen-mode frequency response in a real grape over fermentation time at 20 ◦C.

4. Conclusions

In this paper, an approach to monitor the fermentation processes in winemaking by analyzing
the frequency response of a piezoelectric MEMS resonator is presented. The sensor is excited at the
fourth-order of the roof tile-shaped mode in several artificial grape must model solutions, representing
an ordinary and a stuck wine fermentation process, respectively. During the artificial fermentation, both
an increasing ethanol and a decreasing total sugar concentration reduce the density of the grape must
despite the counteracting effect of the increasing glycerin concentration. This decrease in density leads
to higher resonance frequencies. Due to the high Q-factor of the MEMS sensor in liquid media (~100 in
isopropanol), even minor shifts in resonance frequency can be detected with high precision, which
enables the possibility to monitor these changes of the physical properties during the fermentation
processes. Reproducibility and reusability measurement were performed, showing low standard
deviations in the resonance frequencies of ~0.1% and moderate deviations in the Q-factor (~11%)
and conductance peak (~12%). These results show that the resonance frequency is hardly effected
by potential surface contaminations. Due to the fast measurement cycle of 10 s and easy cleaning
procedure, harsh contaminations, such as the deposition of tartaric acid crystals, could be avoided.
Nevertheless, minor surface contaminations reduce the precision of the calculated density values
leading to a standard deviation of ~1.1%. Finally, test measurements in real grape must were performed
resulting in similar sensor characteristics compared to the results of the model solutions, demonstrating
the high potential of the presented sensor concept for grape must fermentation monitoring.
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Abstract: This paper reports on the design, fabrication and preliminary test results of a novel
microelectromechanical systems (MEMS) device—the acoustic gyroscope. The unique operating
mechanism is based on the “acoustic version” of the Sagnac effect in fiber-optic gyros. The device
measures the phase difference between two sound waves traveling in opposite directions, and
correlates the signal to the angular velocity of the hosting frame. As sound travels significantly
slower than light and develops a larger phase change within the same path length, the acoustic gyro
can potentially outperform fiber-optic gyros in sensitivity and form factor. It also promises superior
stability compared to vibratory MEMS gyros as the design contains no moving parts and is largely
insensitive to mechanical stress or temperature. We have carried out systematic simulations and
experiments, and developed a series of processes and design rules to implement the device.

Keywords: acoustic gyroscope; Sagnac effect; phase difference; sound waves; angular velocity;
sensitivity

1. Introduction

The gyroscope (gyro) is an inertial sensor determining the speed of rotational motions [1]. It has
a wide range of applications including the fields of consumer electronics, automotive, aerospace and
navigation [2–4]. Recently, gyros have witnessed a new wave of market growth driven by increasing
needs of Internet of Things (IoT) and wearable devices. Their functions have been extended from
basic motion sensing and navigation to much wider areas including human-machine interaction,
health monitoring, and fitness analysis [5–7]. Among them, microelectromechanical systems (MEMS)
vibratory gyros and fiber optic gyros are the most prevalent platforms in portable systems.

MEMS vibratory gyros are particularly attractive because of their small size, low cost, low
power consumption, and easy integration with complementary metal-oxide-semiconductor (CMOS)
circuitry [8–10]. They are based on the energy transfer between two orthogonal vibration modes as
a result of the Coriolis effect. However, typical MEMS gyros come with a number of intrinsic drawbacks.
The vibratory structure makes the device highly susceptible to external shock and vibration [11,12].
The structural design is inevitably associated with parasitic capacitive coupling and quadrature errors,
which collectively deteriorate the performance and limit wider adoption of the MEMS gyros.

Fiber-optic gyros, on the other hand, are based upon a different sensing mechanism (the Sagnac
effect), and do not involve the above issues. The device correlates angular speeds with interference
signals from two laser beams. It usually consists of thousands of fiber coils to maximize the optical
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path length in order to achieve low drift and a high scale factor [13,14]. However, this generally makes
the gyro too big and expensive for most consumer applications [12].

To overcome the drawbacks of the two classes of gyros, we propose a new MEMS device—the
acoustic gyro—in this work. It is based on the “acoustic version” of the Sagnac effect in the fiber-optic
gyro. The device measures the phase difference between two sound waves traveling in opposite
directions in a circular air duct, and correlates the phase difference with the rotational speed of the
waveguide. Since sound travels much slower than light, the acoustic gyro can develop a much larger
phase difference within the same path length compared to fiber-optic gyros, or, equivalently, it can
produce comparable sensing signals within a much shorter path length and significantly reduce the
device size. In addition, the fabrication of the acoustic gyro is fully compatible with CMOS processes
and it is readily integrated with peripheral electronics. In contrast to conventional MEMS gyros,
the acoustic gyro is intrinsically immune to mechanical stress and temperature changes. The device
also has a very simple structure that substantially lowers the manufacturing complexity.

This report expands on our previous work published in [15]. In this paper, we will present both
the theoretical evaluations and the very recent progress in process development and testing. We have
systematically evaluated and optimized a series of design rules to achieve acceptable process stability,
device yield and performance. According to our theoretical predictions and preliminary testing results,
the device can be packed into a 5 mm × 5 mm footprint and can potentially achieve a high sensitivity.

2. Materials and Methods

2.1. Working Principle of Novel Device

Figure 1 depicts the idea of the acoustic Sagnac effect in detail. A 3D finite element model (FEM)
using COMSOL multiphysics software (v5.0, COMSOL Co., Ltd., Stockholm, Sweden) is set up to study
the principle theoretically (Figure 1a). This model consists of a circular air duct, a sound transmitter,
and a set of receivers. It couples the acoustic-piezoelectric interaction module and aeroacoustic
module together. The former is used to simulate the sound transmitter and receivers with sound hard
boundary condition, including sound generation and electro-acoustical conversion efficiency. The latter
is adopted to emulate the pressure wave propagation in the air duct with no-slip boundary condition
of air flow. The simulation results show the principle as below. When the transmitter at 12 o’clock
position generates a pressure pulse, it induces two sound waves propagating in the clockwise and
counterclockwise directions, respectively. When the transmitter, the duct and the air in it are stationary,
the two wave fronts travel at the same speed and always meet at 6 and 12 o’clock positions (top in
Figure 1a). On the other hand, if the duct and the transmitter move relative to the air inside or vice
versa, the two sound waves propagate at different speeds (bottom in Figure 1a) and develop a phase
difference with each other over time. Placing sound receivers along the air duct would allow us to
quantify the phase difference and correlate the results with the rotating speed of the frame. The phase
difference related with frame angular velocity can be detected by the subsequent digital phase detector.
According to Reference [15], the phase shift Δϕ and sensitivity Sϕ (defined as the phase shift per unit
rotational velocity) of this device are

Δϕ = 2π f · Δt =
8π2R2Ω

v2 · f (1)

Sϕ = Δϕ/Ω =
8π2R2

v2 · f (2)

where R, f, v and Ω are the radius of the air duct, acoustic frequency, acoustic velocity and the rotating
speed of the frame, respectively. We can see from this formula the phase sensitivity is inversely
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proportional to the square of propagation velocity. The phase sensitivity between the acoustic and
fiber-optic gyros can be calculated as

Δϕacoustic

Δϕoptic
=

facoustic

foptic
·

c2
optic

c2
acoustic

=
10[MHZ]
193[THz]

·
(
3 × 108[m/s]

)2

(343[m/s])2 ≈ 4 × 104 (3)

where f optic is the light frequency using 193 THz [16–18], and f acoustic is the sound frequency as 10 MHz
which can propagated in air [19,20]. In this calculation we assumed the same ring radius R and angular
velocity Ω for both devices. The estimation indicated that the acoustic gyro could theoretically achieve
a phase sensitivity of 104 higher than that of an optical device with the same dimension. In other
words, the acoustic device could deliver comparable performance with significantly smaller size.

 
(a)                               (b)                      (c) 

Figure 1. (a) Simulated sound wave propagating in a circular air duct when the air is stationary
(above) and flowing (below). The setting of (below) is equivalent to the situation where the air
keeps stationary while the frame (together with the sound transmitter and receiver(s)) rotates in the
opposite direction. The out-of-plane displacement is the height expression of acoustic pressure (Pa);
(b) Emulation test with a hula-hoop as the circular air duct. Diameter of the duct is about 80 cm.
Three 40 kHz commercial ultrasonic ceramic transducers are installed inside the duct as acoustic
transmitter and receivers. The transmitter and two receivers are marked as T1, R1 and R2, respectively;
(c) Test results of (b). The phase difference between R1 and R2 changes when the ring rotates in
clockwise and counterclockwise directions at ≈10◦/s. The oscilloscope time base is 10 μs/div.

The Sagnac effect in optics derives from the assumption that the speed of light is independent of
the motion of its source or medium. Apparently the same rule does not apply to ultrasound. In fact,
the Acoustic Sagnac effect results from the inertia of air—the transmission medium keeps stationary
when the circular duct rotates. Therefore, the two acoustic waves travel at the same speed in the inertial
reference frame of the observer. This effect has been further verified by the emulation test in Figure 1c,d,
in which a hula-hoop was used as the air duct. Three 12.6-mm-diameter 40 kHz commercial ultrasonic
ceramic transducers (TCT40-12T/R-1.2) are installed inside the hula-hoop duct working as an acoustic
transmitter and two receivers, respectively. The two ultrasound receivers located at different positions
(labeled as R1 and R2) were able to detect different phase shifts when the duct was rotated at various
speeds. The test result shows the time difference between the two acoustic waves is about 1.5 μs at
an angular velocity of ~20◦/s. It is in good agreement with the theoretical prediction.

2.2. Design and Structure

Figure 2 illustrates our scheme to build the gyro on a miniature MEMS chip. Figure 2a,b show the
top and side views of the device with dimensions. The device is fabricated by bonding a cap wafer
(containing a circular trench and through silicon vias (TSVs)) to a base wafer hosting a set of aluminum
nitride piezoelectric micromachined ultrasonic transducers (AlN-PMUTs). The AlN-PMUTs are used
as the acoustic transmitter as well as the receivers. The trench on the cap wafer defines the circular
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air duct to guide the acoustic waves. We selected PMUTs over capacitive micromachined ultrasonic
transducers (CMUTs) due to the fact that the former does not need exceedingly high voltage bias
(usually hundreds of volts for CMUT) or ultrafine microstructures to achieve sufficient transducer
sensitivity, which effectively reduces circuit and fabrication complexity and cost [21–23].

    
(a)                                        (b) 

Receivers 

Transmitter 

D = 5 mm 
h 

= 
20

 
m

 

w = 120 m 

d = 100 m 

Figure 2. (a) Top-view schematic of the acoustic gyro (not in scale). In this specific case, three aluminum
nitride piezoelectric micromachined ultrasonic transducers (AlN-PMUTs) are fabricated on the base
wafer, one as a transmitter and two as receivers. The two receivers are placed symmetrically around
the vertical axis. The circular trench on the cap wafer, once bonded to the base wafer, forms an enclosed
air duct and bridges the three PMUTs; (b) Cross-sectional view across the center of the transmitter as
marked by the dashed line in (a). The inset shows cross-section view of PMUT.

Before assigning specific dimensions to each component, the operating frequency f 0 needs to be
determined first. It is related to several factors. According to Equation (1), higher frequency yields
higher sensitivity of phase shift to rotational speed. However, it may also lead to larger acoustic
attenuation, making the ultrasound waves hard to be detected at the receivers. In addition, one
needs to consider the relationship between the wavelength (λ = v/f 0) and the PMUTs’ diameter
(d) as well. First, d needs to be smaller than λ to avoid near-field irregular pressure pattern [24].
Second, λ is proportional to the square of d as a result of flexural-mode resonance. Therefore, d
needs to be greater than a lower limit to satisfy both requirements. This imposes an upper limit to
f 0. Taking into account all the requirements and limitations, we finally set the operating frequency
f 0 to be approximately 1.6 MHz. The diameter of PMUT should not be too small as compared to the
wavelength for efficient transmission [25,26], or greater than the wavelength resulting in irregular
near-field pressure pattern [24]. An ideal choice for the diameter of PMUTs in this work is 100 μm [25].

Given the target frequency (f 0 = 1.6 MHz) and PMUT diameter, we are now able to determine
the stack thickness of the PMUTs (f 0 scales linearly with the film thickness and 1/d2 [25]) based on
the given material. However, the layer thickness will impact other performance parameters such as
electromechanical coupling coefficient, transmitting sensitivity (Pa/V) or receiving sensitivity (V/Pa).
In this work, each PMUT on the base wafer consists of 4 functional layers suspended on an air cavity,
which are the top electrode (TE, made of Mo), piezoelectric layer (PZ, made of AlN), bottom electrode
(BE, made of Mo), and the seed layer (SL, made of AlN) from top to bottom. A big advantage of AlN is
that its relatively low dielectric constant minimizes device capacitance, thereby producing a higher
voltage between the top and bottom surfaces when operated as an ultrasonic receiver. The BE and
SL layers serve as a passive layer to induce a vertical stress gradient across the whole stack, which
forces the suspended membrane to deflect vertically when a transverse stress originates in the PZ layer
(due to the piezoelectric coefficient e31,f). Different BE and SL thicknesses (with respect to the PZ layer)
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result in different transmitting and receiving sensitivities of the PMUTs. In our case, the net efficiency
of the entire ultrasound generating, propagating, and receiving processes can be written as:

S =
voutput

vinput
=

Ptx

vinput
· voutput

Prx
· Prx

Ptx
= GT · GR · Gch (4)

where vinput and voutput are the voltages applied to and detected at the transmitter and the receiver(s),
respectively. Ptx and Prx are the magnitude of the pressure wave right above the two PMUTs. The three
parameters GT, GR and Gch characterize the transmitting sensitivity (in Pa/V), receiving sensitivity
(in V/Pa) and the acoustic transmission attenuation, respectively. Previous studies [27–30] have
observed non-monotonic dependence of GT and GR on the thickness of the passive layer. Qualitatively
speaking, a thicker passive layer facilitates flexural bending of the entire membrane, but decreases the
overall electromechanical coupling coefficient k2

eff at the same time [31–33].
We have setup a finite element model to quantitatively determine the optimum thickness.

Figure 3a plots the surface pressure (in Pa) of the PMUT under a 1 Vpp driving voltage at resonant
frequency as a function of PZ/BE thickness ratio. Peak position of each curve indicates the optimum
thickness ratio for maximum GT. Figure 3b evaluates the receiving sensitivity for different PZ/BE
stacks and plots the electrical potential developed under a constant pressure difference across the
PMUT (100 Pa). The peaks correspond to maximum GR values. Thickness of the SL is fixed at 50 nm in
both figures. In Figure 3c,d, we repeat the same analysis with fixed BE thickness (100 nm) and varying
PZ/SL ratios. According to the simulation results, multiply of the two coefficients (GT·GR) reaches its
maximum at 500 (PZ)/500 (BE)/50 (SL) nm with the desired resonant frequency (1.6 MHz). This stack
setting is used in our final design to optimize the net efficiency (S) of the transmitter-receiver pair.
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Figure 3. (a) Surface pressure under 1 Vpp driving voltage at the resonant frequency; (b) Electrical
potential under 100 Pa as a function of piezoelectric layer/bottom electrode (PZ/BE) thickness ratio,
with the seed layer (SL) thickness fixed at 50 nm; (c,d) The surface pressure and the electrical potential
under various PZ/SL thickness ratios when the BE thickness is fixed at 100 nm.
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It is worth noting that the top electrode (TE) of the PMUT has a smaller diameter compared to the
rest layers in order to optimize the electromechanical coupling coefficient. We set the TE diameter as
70 μm, 70% of the PMUT diameter based upon the design rules discussed in previous reports [20,34,35].

We then use the following rules to set the geometric dimensions of the circular air duct.
The channel width (w) should be shorter than the acoustic wavelength λ to avoid large sidelobes, and
large enough to enclose individual PMUTs inside the channel (w > d). The perimeter of the circular
duct (πD, D being the diameter) should be integer times of λ/2 to facilitate standing-wave formation.
In addition, internal height (h) of the air duct needs to be sufficiently shorter than λ to minimize energy
dissipation at boundaries. Based on these considerations, we set w = 130 μm, D = 5 mm, and h = 20 μm
in our final design.

Acoustic-piezoelectric frequency domain simulations are then carried out to verify the
functionality of all components. In the model, we apply a continuous driving voltage of Vinput = 10 V
across the transmitter PMUT (at f 0 = 1.6 MHz) and visualize the formation and detection of the
acoustic waves. Figure 4a plots the distribution of the air pressure field, confirming the generation of
a standing ultrasonic wave along the circular duct when the air duct is stationary. The inset zooms
into the regions near the transmitter and the receivers to display finer features. Figure 4b examines the
detection of the ultrasound when the air duct is stationary. It allows us to calculate the surface potential
(Voutput) on the receiver PMUTs, which is around 65 mV in this specific setting. This corresponds
to a net efficiency (S) of ~0.06 according to the definition in Equation (4). The simulation result
demonstrates good detectability of the ultrasonic waves by the receivers, and proves good feasibility
of our structural design.

      
(a)                                          (b) 

Figure 4. Finite element model (FEM) simulation results. (a) Acoustic pressure field distribution inside
the air duct (f 0 = 1.6 MHz). Color bar: Acoustic pressure (Pa); (b) Maximum mechanical displacement
of the transmitter and receivers. Color bar: Displacement (nm).

In addition to the above design, we have incorporated other design variations on the mask to
maximize wafer usage. They include three kinds of ducts as circular, spiral and square. The circular
ducts are designed within eight variants using different duct width, different PMUT diameter and
quantities on duct. Two spiral ducts are presented by varying duct width and PMUTs diameter to
improve device performance by maximizing path length. Each spiral shape includes four spiral
structures which can eliminate cross sensitivity and the common–mode output errors by differential
operation. The square ducts with different widths and PMUT diameters are used to evaluate possible
dependence on the shape of the acoustic path. Figure 5 shows a section of the mask layout. The entire
mask set contains 9 layers including all the PMUT, air duct, and TSV structures.
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Figure 5. Mask layout with circular, spiral and square shaped air ducts. (a) Mask Layout; (b) Circular
Duct and (c) Spiral Duct.

2.3. Fabrication

Figure 6 summarizes the entire process flow. The fabrication involves three major stages. The first
stage deals with the fabrication of PMUTs on the base wafer (Figure 6a–f). Specifically, it starts with
a sacrificial release pit formed by dry etching (Figure 6a) and CVD deposition of phosphosilicate glass
(PSG) followed by chemical mechanical planarization (CMP) (Figure 6b). A 50 nm AlN seed layer
and 500 nm Mo BE) are then deposited by sputtering at elevated temperature. The AlN seed layer
provides a high-quality <110> crystalline foundation for the BE, PZ, and TE layers built on its top.
It also electrically insulates the metal electrodes from the underlying Si substrate. The BE layer is then
patterned by dry etch (Figure 6c). This is followed by deposition of 500 nm AlN and 150 nm Mo to form
the PZ and TE layers, which are then patterned (through wet and dry etch to define the contours and
expose metal pads and release holes (Figure 6d)). We use E-beam evaporation and lift-off to deposit Cr
(0.2 μm)/Au (1 μm) pads in selected areas as the interface layer for wafer bonding (Figure 6e). In the
final step, HF solution is used to remove the sacrificial layer and suspend the film (Figure 6f).

 

(a) (b) (c)

(d) (e) (f)

(g) (h) (i)

(j) (k)

Figure 6. Base wafer flow: (a) Silicon etching; (b) SiO2 deposition and chemical mechanical
planarization (CMP); (c) BE deposition and pattern; (d) AlN/TE deposition and pattern; (e) Au
deposition and pattern; (f) sacrificial layer release; Cap wafer flow: (g) trench etch and pattern; (h) vias
etch (i) 0.2 μm Cr/1 μm Au deposition and pattern; Bonding part: (j) Au-Au bonding; (k) CMP,
electroplate, and Au deposition.
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Figure 6g–i depicts the process flow on the cap wafer. We first use dry etch to create a circular
trench with side walls (Figure 6g), then make high-aspect-ratio holes through deep RIE (reactive ion
etch) at the locations of TSVs (through silicon vias) (Figure 6h). The edges and inner walls of these
holes are then covered with Cr (0.2 μm)/Au (1 μm) that works as the wafer bonding adhesive and the
electrical interconnects between the base and the cap wafer (Figure 6i).

In the third stage, we flip over the cap wafer and bond it against the base wafer (Figure 6j).
The bonding creates an enclosed air duct bridging all PMUTs on the same ring. Au-Au adhesion
provides good bonding strength and establishes electrical connects between the two wafers at the
same time. It is important to note that the bonding chamber is filled with N2 and maintained at an
inner pressure of 1 atm throughout the process. The cap wafer also protects the PMUTs from damages
by back-end processes including wafer dicing and plastic molding (when needed). The whole wafer
is then thinned to 500 μm by mechanical grinding to expose the pre-defined TSVs. The vias are then
filled with Cu by electroplating. This is followed by deposition and patterning of metal pads (Ti/Au)
on the top surface to complete the entire flow (Figure 6k).

The flow has proven to be a highly stable process and yields good uniformity and consistency.
Figure 7a shows the microscope images of whole base wafer, circular device structure and individual
PMUTs on it. Figure 7b–e are the scanning electron microscope (SEM) images taken from perspective
angles to present close-up views of different structures.

     

(b) (c) 

(d) (e) (a) 50 m 

500 m

100 m 

30 m 

Figure 7. (a) Microscope images of whole wafer, circular device structure and individual PMUTs;
(b) scanning electron microscope (SEM) image of a device with partially peeled-off cap; (c) close-up
view of a TSV; (d) cross-sectional view of a PMUT; and (e) close-up view of a bonding interface.

3. Results

We first evaluate the transmitting performance of the PMUTs. The surface displacement as
a function of the driving frequency is measured in the air by a Laser Dropper Vibrometer (LDV,
OFV 512 and OFV 2700, Polytec, Inc., Waldbronn, Germany) as shown in Figure 8. The PMUTs are
excited with a 1 V sinusoidal signal. The measured resonant frequency is 1.616 MHz, very close to
the designed value of 1.6 MHz. The maximum displacement at the resonant frequency is 221 nm.
The measurements on four PMUTs (Figure 8a) at different locations indicate good frequency uniformity
across the wafer. This ensures good frequency matching between the acoustic transmitter and receiver
and maximizes the net efficiency S. The surface deflection (df ) is related to the local air pressure by

P = (2π f d f )ρ0c0 Ae (5)

where ρ0 is the density of air, c0 is the sound velocity, and Ae = 1/3 is a correction factor accounting for
the deviation from an ideal piston model [36,37]. The transmitting sensitivity GT is then calculated to be
~330 Pa/V, slightly lower compared to the simulation result in Figure 3a, presumably due to geometrical
mismatches and additional loss mechanisms through air damping, anchors and boundaries.

118



Micromachines 2017, 8, 2

 
(a)                                         (b)  

1.5 1.6 1.7
0

100

200

  1
  2
  3
  4

 

D
is

pl
ac

em
en

t (
nm

)

Frequency (MHz)
1.4 1.6 1.8

1.0

1.5

2.0

 Capacitance

C
ap

ac
ita

nc
e 

(p
F)

Frequency (MHz)
1.6

0

5

10

15

20
 Impedance

 

Re
si

st
an

ce
 (k

Ω
)

Figure 8. (a) Frequency dependence of surface displacements of four 100 μm PMUTs. The resonance
frequencies are narrowly distributed with a very small variation of ~0.7%; (b) Impedance measurement
of a single 100 um PMUT with a very high coupling coefficient of k2

t = 3.64%.

Impedance measurements of the PMUTs (100 μm in diameter) have been carried out using an
impedance analyzer, the Agilent4294A (Agilent Technologies, Inc., Palo Alto, CA, USA, Figure 8b).
The result shows good agreement on the resonant frequency with the LDV measurement. In addition,
the impedance analysis provides both the resonance (f r) and anti-resonance (f a) frequencies, and
allows us to calculate the electromechanical coupling coefficient k2

eff according to [23,38]

k2
eff

1 − k2
eff

=
f 2
a − f 2

r
f 2
r

(6)

Given f r = 1.606 MHz and f a = 1.636 MHz from the data in Figure 8b, k2
eff is calculated to be 3.64%.

This value is significantly higher than typical numbers in previous reports on AlN-based PMUTs
(0.056% in [23] and 0.387% in [39]). High material and process quality are likely acceptable for the
improvement, as is using the mass production PVD tool for the film deposition. In addition, the device
design also plays a role in this variance. The BE (Mo) layer serves as the passive layer with a high
Young’s modulus. This increases the stiffness of the passive layer, thus raising the electromechanical
coupling coefficient [40,41]. Moreover, the low parasitic capacitance in this PMUT contributes to the
higher coupling factor as well.

Next, we measure the receiving sensitivity by setting up two PMUTs facing each other. The two
devices are wire-bonded to separate PCB boards, which are mounted on translational stages to
continuously adjust the separation. The left PMUT is driven by a continuous sine wave (10 Vpp) with
a frequency swept from 1.3 to 2 MHz. The right is used as a receiver to pick up the ultrasound signal
and feed it through a lock-in amplifier. Outputs of the amplifier, with both the amplitude and phase
signals, are shown in Figure 9a. The distance between the two PMUTs is 1.36 mm. The maximum
amplitude is about 52.5 μV at the resonant frequency of 1.617 MHz. The signal diminishes when we
place thin sheets of dielectric materials (e.g., paper or glass) in front of the receiver, which confirms that
the signal originates from the ultrasonic waves rather than the electromagnetic couplings. Furthermore,
when we replace the dielectric sheets with a grounded metal mesh to block possible electromagnetic
interference, the resonance signal persists. In Figure 9b, we record the receiver signals at different
distances. The decay with increasing distance is in good agreement with acoustic attenuation in air.
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Figure 9. (a) Readout of the receiver at 1.36 mm from the transmitter; (b) Receiver signals taken at
different distances from the source.

4. Conclusions

In this paper, we present the design, fabrication and preliminary testing results of a new MEMS
gyro. It measures angular velocity by comparing the phase difference between two acoustic waves.
The device promises a similar performance to fiber-optic gyros with significant downsizing by four to
five orders of magnitude. We have proven the concept by systematic FEM simulations, and successfully
completed the fabrication and preliminary evaluation of the structural design. Further tests are ongoing
to provide more comprehensive results and understanding of the design and sensing mechanism.
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Abstract: Fully implantable, self-powered hearing aids with no external unit could significantly
increase the life quality of patients suffering severe hearing loss. This highly demanding concept,
however, requires a strongly miniaturized device which is fully implantable in the middle/inner ear
and includes the following components: frequency selective microphone or accelerometer, energy
harvesting device, speech processor, and cochlear multielectrode. Here we demonstrate a low volume,
piezoelectric micro-electromechanical system (MEMS) cantilever array which is sensitive, even in
the lower part of the voice frequency range (300–700 Hz). The test array consisting of 16 cantilevers
has been fabricated by standard bulk micromachining using a Si-on-Insulator (SOI) wafer and
aluminum nitride (AlN) as a complementary metal-oxide-semiconductor (CMOS) and biocompatible
piezoelectric material. The low frequency and low device footprint are ensured by Archimedean
spiral geometry and Si seismic mass. Experimentally detected resonance frequencies were validated
by an analytical model. The generated open circuit voltage (3–10 mV) is sufficient for the direct
analog conversion of the signals for cochlear multielectrode implants.

Keywords: artificial basilar membrane; cochlear implant; frequency selectivity; Archimedean spiral;
aluminum nitride (AlN); piezoelectric cantilever; micro-electromechanical system (MEMS); finite
element analysis; energy harvesting

1. Introduction

Cochlear implant (CI) is a surgically implanted electronic device that provides a sense of sound
to a person who suffers from profound hearing loss or deafness. The present generation of hearing
systems bypass the normal hearing process. Outside the skin, it consists of a microphone, a speech
processor, and a transmitter, which transmits signals through an internal receiver to an array of
electrodes placed in the cochlea. Though, in the last three decades the technology has undergone an
impressive improvement, there are still some challenges to be addressed for higher wearing comfort [1].
Because of the external units, the system is visible, making the patients stigmatized. It also limits
the activities that can be undertaken while wearing the device. Broken wires, cables, and speech
processors can cause derangement, too. This could be minimized by having a fully implantable
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cochlear implant (FICI, sometimes also referred to as totally implantable cochlear implant, TICI) which
functions round-the-clock while sleeping, showering, swimming, and during many types of vigorous
physical activities [2]. FICI is supposed to be composed of an internal microphone or a piezoelectric
acoustic sensor, an electronic device which transform the signal for the hearing nerves, a battery
and/or an energy harvesting unit, as well as a multielectrode array inserted in the cochlea.

Several solutions have been proposed to mimic the frequency selectivity (tonotopy) of the cochlea.
The topologically more faithful physical model is an elastic membrane having varying widths along
its length [3–7]. The other approach is to apply an array of micro-electromechanical system (MEMS)
cantilevers having varying length, and thus, varying natural resonance frequency. Because of the
smaller size and more reliable fabrication procedure, the latter approach seems to have higher
potential for FICI. In 1998 Harada et al. demonstrated a fishbone structured acoustic sensor using
piezoresistive read-out elements [8]. Later, Xu et al. reported polymeric micro-cantilever array to mimic
the mammalian cochlea [9]. Recently, Jang et al. used an aluminum nitride (AlN) coated array as an
artificial basilar membrane [10,11]. Though the rectangular unimorph cantilevers showed excellent
frequency selectivity, they covered only the upper half of the human hearing range (2.9–12.6 kHz) [11],
since the natural resonance frequency at fixed cantilever thickness scales up with decreasing length.
To obtain sensitive cantilevers in the range of 300–700 Hz is, however, more challenging.

Low frequency, spiral, and spiral-like cantilevers were proposed and theoretically evaluated by
Choi et al. in 2006 [12], and recently, also experimentally demonstrated. Zhang et al. [13], and Lu et al. [14]
reported an S-shaped Lead Zirconate Titanate (PZT) coated flexure suspended MEMS device on a chip
size of 6 mm × 6 mm, for vibration sensing and energy harvesting. Though the covered frequency range
is attractive for the proposed FICI concept, a smaller footprint, higher Q-factor (>100), and bio- and
metal-oxide-semiconductor (CMOS) compatible piezoelectric material, like AlN [15,16], are needed for
the device to be implantable in the human middle ear.

Voice detection in CIs is done directly by perceiving the modulation of air or fluid pressure
using a microphone, even if the functions of the tympanic membrane and of the middle ear are intact.
An alternative approach, also an aim in this paper, is to measure the vibration of the ossicles with
a miniaturized MEMS based implant. As a guideline for the design, we referred to the work of
Gan et al. [17] on implantable middle ear hearing devices (IMEHDs). In their work, a small magnet
was mounted between the malleus and stapes, and driven electromagnetically by a coil placed under
the ear canal bony wall. The diameter and length of the cylinder-shaped magnet is 1.5 and 2 mm,
respectively, and it weighs 26 mg, which is comparable to the size and mass of a 3D packaged Si
multicantilever system. Beker et al. demonstrated a rectangular cantilever with Si seismic mass to
achieve resonance in this lower voice frequency range (474 Hz) [18]. However, the size (6 mm × 6 mm)
and weight of the chip, especially in packaged multichannel form, is too large to be fixed onto one of
the middle ear bones. Moreover, the applied technique to bond bulk piezoceramic PZT dices to the
substrate, and the grinding, make the wafer scale processing highly demanding.

Here, we demonstrate an array of spiral cantilevers with Si seismic mass at their ends, which is
optimized to achieve a small footprint, compactness, bio- and CMOS compatibility, low resonance
frequency (300–700 Hz), high Q-factor in air (117–254), and high robustness with limited internal stress
in the Si cantilever. These 2 mm × 2 mm cantilever chips are small enough to pack them in a compact
multichannel device which fits into the middle auditory system, and can provide a new solution for
next generation FICI systems.

2. Materials and Methods

2.1. Cantilever Design

According to the Euler–Bernoulli theory, the first natural frequency (n = 1) of a one-side-clamped
rectangular Si cantilever is inversely proportional to the square of the length (L) of the beam [19]:
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fbeam =
β2

1
2π

√
ESi

12ρSi

t
L2 , (1)

where β1 = 1.875, t is thickness of the cantilever, ESi is the Young modulus for <110> crystallographic
orientation (1.69 × 1011 Pa) [20] and ρSi is the mass density (2330 kg/m3) of Si. It means that using a
Si-on-Insulator (SOI) wafer, with a typical Si device thickness of 12.5 μm and a cantilever length of
7.6 mm, is needed to reach the lower end of the voice frequency range (300 Hz). This size is too large
to allow implantation of the device in the inner ear. However, by applying a tip mass (M) at the free
end of the beam with a distributed mass (m), the first natural frequency can be reduced as follows [21]:

ftm =
1

2π

√
3ESiWt3

12(M + 0.24m)L3 . (2)

If we assume that the tip mass is significantly higher than that of the cantilever (M  m) the
reduced frequency due to the tip mass can be approximated by

ftm =

√
m
M

fbeam. (3)

Moreover, the seismic mass also helps to minimize the air damping effect, and increases the stored
energy [12]. However, too large a mass results in a high internal stress, and a fracture of the cantilever
upon resonance. Therefore, a trade-off is needed between cantilever length and the proof mass.

The one side clamped spiral cantilevers were designed to fit into a 2 mm × 2 mm square window.
The thickness of the single crystal Si beam is 12.5 μm, which corresponds to the device layer of the
selected SOI wafer. The arc of the beam was defined by the parametric equation of an Archimedean
spiral, where the curvature radius is continuously decreasing, with the azimuth angle ϕ from an initial
radius at the clamping point (R0), until reaching the radius of the proof mass (r0),

(
x
y

)
= (R0 − cϕ)

(
cos(ϕ)
sin(ϕ)

)
. (4)

Finite element analysis, using COMSOL Multiphysics (5.2a, Burlington, MA, USA ), was used to
select 16 different geometries which fulfilled the following two requirements: (i) the (first) significant
natural resonance has to fall in the frequency range of 300–1000 Hz; and (ii) the maximal von Mises
stress along the cantilever at a driving acceleration of 1 g is not allowed to exceed 5% of the fracture
strength of anisotropically etched Si diaphragms, i.e., 300 MPa [22]. One typical stress distribution in
Figure 1a shows that the stress is gradually decreasing from the clamping side toward the tip mass
without reaching the chosen limit of 15 MPa. Several spiral geometries were tested numerically by
changing the parameters as follows: width of the cantilever in the range of 140–180 μm, the number of
the turns between 3 and 4 ϕ = 6–8π), c parameter in a range of 27.0–36.5 μm/rad, and the radius of the
tip mass between 160 to 300 μm. The selected 16 spirals are shown in Figure 1b.
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(a) 
 

(b) 

Figure 1. (a) Tensile stress distribution along the beam calculated by finite element analysis to exclude
“fragile” geometries upon selection; (b) Layout of the selected 4 × 4 spirals. Each of the spirals fit into a
square area of 2 mm × 2 mm. Five geometrical parameters of the Archimedean spirals were varied
to tune the natural frequency: number of the half turns, width (W), starting radius at the clamping
point (R0), radius of the proof mass cylinder (r0), and c parameter, describing the rate of the radius
change from the edge towards the center.

Since the polarization axis of AlN thin films (c-axis) is nearly perpendicular to the substrate,
a d31 type contacting scheme was used (top-bottom) to generate electrical signals. The piezo layer
does not fully cover the whole length of the arc, as the last segment towards the seismic mass is
almost stress-free.

2.2. Analytical Model

The model was based on the one described by Karami et al. [23], with a few modifications to
include the effects of the tip mass attached to the spiral cantilever. Therefore, the kinetic energy T and
the potential energy V for the system are

T =
∫ 1

2
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(
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∂t

)2
+

1
2
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1
R
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]

dx (6)

where w(x,t) is the deflection, β(x,t) is the twist angle of the cantilever, R(x) is the radius of the spiral,
A is the area of the cantilever, E is the composite Young modulus, I is the second moment of inertia, J is
the torsion constant, G is the shear modulus (modulus of rigidity), Itx and Itz are the mass moment of
inertia of the seismic mass with respect to x and z axis. To account for the AlN (EAlN = 344 GPa) and
Au (EAlN = 79 GPa) [24] layers deposited on top of the Si, the Young’s modulus in the calculations was
taken for the composite material as described in Timoshenko and Young’s textbook [25,26]. For the
thicker (12.5 μm) Si membrane, the crystal orientation dependence of Si can also play a role. Since the
in-plane orientation of the spiral alternate between <100> and <110> directions along the spiral arc
with an angular periodicity of π/2, the average of the corresponding Young moduli (130 GPa and
169 GPa, respectively [26]) was taken into account in the model. Thus, the obtained composite Young
modulus for Equation (6) was E = 212 GPa.

Equating the variation of the action (
∫

T − Vdt) to be zero yields six equations, from which only
four constrain the system on the spatial boundaries, and the solutions are only functions of time.
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Hence, transforming all six equations into frequency domains yields two coupled equations for the
spatial coordinates, which are as follows,

ω2ρAw +
d2

dx2 EI
[
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+
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dx2

]
+

d
dx
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[
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+
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dw
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as well as four equations, which provide natural boundary conditions for the equations above:
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w(0) =
dw
dx

|x=0 = β(0) = 0 (12)

The equations were solved using the Chebyshev spectral collocation method, implemented by the
library of the open-source software, Chebfun. The library was chosen as it provides a quick solution,
even for a high-resolution frequency sweep.

2.3. Fabrication

The unimorph, d31 type piezocantilever arrays were fabricated on a 4” SOI wafer with 12.5 μm
Si device layer, 1 μm buried oxide (BOX), and a handle layer of 550 μm. The fabrication process
is shown in Figure 2. At first, thermal oxide layer with a thickness of 300 nm was grown onto
the wafer (Figure 2B). The bottom electrode of Ti (30 nm)/Au (120 nm) was prepared by e-beam
evaporation (AJA) and a subsequent lift-off step (Figure 2C). The piezoelectric AlN layer, having a
thickness of 830 nm, was deposited by reactive radio frequency (RF) sputtering from an 8” Al target in
a Leibold Heraeus Z550 system (CAE Inc., Montreal, QC, Canada). No additional substrate heating
was applied beyond the natural effect of the RF generated nitrogen plasma (500 W). The maximum
substrate temperature during the deposition is around 300 ◦C. The AlN layer was then patterned by
photolithography and wet chemical etching using phosphoric acid (Figure 2D). It was followed by
the deposition of a Ti (30 nm)/Au (120 nm) top electrode at the same conditions used for its lower
counter electrode (Figure 2E). The micromachining of the spiral cantilevers was started from the
front side using a deep reactive ion etching (DRIE) step in an Oxford Plasmalab System 100 ICP180
(Oxford Instruments Plasma Technologies, Yatton, Bristol, UK). The etching was performed through
the whole device layer of 12.5 μm, and was stopped by the BOX layer (Figure 2F). Etching from
the back side was carried out by Bosch process, in such a way to obtain full wafer thick (550 μm)
seismic masses at the free end of the cantilevers. In addition, it was split into two steps using, at first,
photoresist, and then Al mask, with slightly different patterns to obtain perforated Si wafers, in which
the 4 × 4 block arrays are connected by thinned (~150 μm) Si bridges (Figure 2G,H). The aim of this
method was to avoid chip dicing, which would have damaged the sensitive cantilevers. The wafer
process was followed by etching of the Al hard mask in phosphoric acid (Figure 2I), and finished by
the wet etching of the buried oxide in hydrofluoric acid, to release the spiral cantilevers (Figure 2J).
The manually cleaved dices were firmly mounted, and wire bonded onto a printed circuit board
(PCB) recessed under the cantilever, which ensured the electrical readout and the free vibration of the
piezo cantilevers.
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Figure 2. Schematics of the fabrication procedure: (A) 4” Si-on-Insulator (SOI) wafer; (B) thermal
oxidation (300 nm); (C) deposition and lift-off of the bottom Ti/Au contact and pads; (D) radio
frequency (RF) sputter deposition and patterned etching of aluminum nitride (AlN) (830 nm);
(E) deposition and lift-off of top Ti/Au contact; (F) deep reactive ion etching (DRIE) of the spiral beam
from the front side; (G) first DRIE Bosch process from the back-side and the strip of the photoresist
mask; (H) second DRIE Bosch process from the back-side through the Al hard mask with a slightly
modified pattern to obtain perforated Si frame; (I) etching of the Al masking layer; (J) hydrofluoric
acid (HF) etching of the buried oxide and removal of the top protective photoresist layer.

2.4. Characterization

The fabricated piezoelectric cantilevers were analyzed in a LEO XB-1540 crossbeam scanning
electron microscope (SEM) (Zeiss, Oberkochen, Germany) and in a New View 7100 optical surface
profiler (ZYGO, Middlefield, CT, USA). During the electromechanical tests, the PCB (Figure 3a)
was placed on a purpose designed 3D printed chip holder mounted with a miniaturized calibrated
accelerometer (4397-A, Brüel & Kjaer, Nærum, Denmark) (Figure 3b). Vibrations were carried out by
a mini shaker (LDS V201) which was driven by a power amplifier (2735, Brüel & Kjaer) controlled
by signal generator (AFG 3252C, Tectronix, Beaverton, OR, USA) (Figure 3c). LabView software was
written to perform frequency sweeps and collect open circuit voltage (VOC) signals through a data
acquisition card (USB DAQ 6211, National Instruments, Austin, TX, USA). The amplitude of the
generated sinusoidal signal was controlled by a closed feedback loop mechanism using the signal or
the accelerometer. In this way, the acceleration is fixed to a constant level during the frequency sweep.
The output voltage signals were collected for each cantilever at continuous sweep of the sinusoidal
excitation in the frequency range of 20 Hz–1.2 kHz. It is worth mentioning that in contrast to several
studies, we did not measure the direct effect of sound pressure wave on the sensor. Instead, we applied
an external acceleration on the frame of the Si chip.

 
(a) (b)

Figure 3. Cont.
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(c)

Figure 3. Experimental setup for the characterization of the piezoelectric cantilever arrays: (a) Wire
bonded cantilever array on the printed circuit board (PCB); (b) 3D printed sample holder with
a calibrated accelerometer mounted on a shaker; (c) the shaker was controlled by a function
generator through a power amplifier. The output voltage signals of the cantilevers and the calibrated
accelerometer were collected by a programmed data acquisition card (DAQ). The signals were in situ
visualized by an oscilloscope during the automatized frequency sweeps. Current source was used to
feed the accelerometer.

3. Results and Discussion

3.1. Structural Characterization

Most of the chips on the 4” wafer with the sensitive spirals survived the over 30-step fabrication
process; an example is shown in Figure 3a. It was especially critical when releasing the cantilevers
from the buried SiO2 membrane (Figure 2J) and during the manual dicing of the cantilever arrays.
The cantilevers also tolerated the vibration test up to an instrumental acceleration limit of 5 g. Scanning
electron micrograph of two typical spiral cantilevers situated in the (1,3) and (3,4) array positions
are shown in Figure 4a,b, respectively. The darker region on the cantilever beam corresponds to
the metal–piezo–metal stack covered region. A reflecting Au disk in the center was designed for
additional laser beam deflection tests. As shown in both SEM images, the diameter of the seismic mass
is decreasing from the back side towards the membrane, i.e., the sidewall of the DRIE etching was not
perpendicular. By a closer SEM observation, the cone angle was found to be 7◦.

(a) (b) 

Figure 4. Tilt-view scanning electron microscope (SEM) images of two typical suspended spiral-shaped
cantilevers (1,3) (a) and (3,4) (b) with contacted AlN layer (darker region) on their top surfaces, and a
wafer thick 3D-micromachined Si seismic mass beneath. The darker circle in the center corresponds to
a Ti/Au disc applied for laser reflection tests. Truncated shape of the tip mass is due to the increasing
underetching ratio during the DRIE.
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AlN thin films often have a significant compressive or tensile residual stress which depends on
several factors, such as the deposition technique (RF sputtering, pulsed DC sputtering, chemical vapor
deposition (CVD), etc.), growth parameters (flow rate, deposition temperature, plasma power, etc.) [27],
the material quality of the underlaying template [28], or the layer thickness [29]. In our previous
studies, we found that AlN layers having a similar thickness deposited directly on Si wafer in our
RF sputtering system resulted in a significant tensile stress (~575 MPa) in the layer. In contrast,
the freely suspended spiral cantilevers seem to be flat in the SEM images (Figure 4); i.e., neither
significant downward deflection due to gravity, nor upward deformation due to tensile stress, is visible.
Nevertheless, in order to quantify the strain, we performed tests of optical surface profile on two
cantilevers. The first one was an intact spiral of an array position of (1,1) with tip mass. From the
second chip (4,3), the tip mass was intentionally removed to study the effect of the residual stress
directly. Figure 5a,b show the corresponding 3D images recorded on one side of the spirals by a
10× objective lens. Height line profiles taken along the dashed lines for the cantilever, with and
without tip mass, are shown in Figure 5c,d, respectively. As shown in Figure 5a, though the tip mass
is tilted due to its torsional moment, the height difference between the clamping point and in the
same y position in the second turn is 1.0 μm, though the arc length between the two points is about
6 mm. Without tip mass, the deflection is even smaller, and the height changes around 0.3 μm along
an arc length of about 9.3 mm. This indicates that the stress in AlN on the spiral is negligible, and the
deflection is mainly affected by the static load of the central seismic mass. This low residual stress,
compared to our previously found results, can be attributed either to the beneficial effect of the Au
bottom contact upon sputter deposition, or to the device geometry.

(a) (b)

(c) (d)

Figure 5. 3D optical surface profiler images taken on a portion of a suspended spiral with (a) and
without (b) seismic mass at its end. Characteristic height profiles along the dashed lines for cantilever
with (c) and without seismic mass (d).

3.2. Vibration Tests and Validation of the Analytical Model

Vibration tests, performed at a fixed acceleration of 1 g (9.81 m/s2), confirmed the frequency
selectivity of the cantilever array (Figure 6). Most of the spirals (12 out 16) showed sharp resonance
peaks scattering in the range of 281–672 Hz. For clarity, the spectra were ordered by their resonance
frequencies from low to high (Channel 1–12). The calculated Q-factors ( f0/Δ f√2) in air vary in
the range of 117–254. As shown in the inset image of Figure 5, the recorded time-dependent open
circuit signal is purely sinusoidal, without any vertical offset, which indicates stress-free cantilevers.
The inactivity of the remaining four devices can be attributed to the low electrical resistance of the
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metal/AlN/metal stacks, which may be the results of random defects in the AlN layer. The generated
open circuit voltages fell in the range of 3.0–9.6 mV.

Figure 6. Piezoelectric output voltage during continuous sinusoidal excitation at a feedback controlled
acceleration of 1 g. Depending on the geometry, the base frequency of the cantilevers falls in the range
of 281–673 Hz. Inset shows the sinusoidal output waveform of channel 1 at resonance.

Using the analytical method described in Section 2.2, resonance frequencies were calculated
for each cantilever by taking into account the tapered geometry of the seismic mass, and the layer
stack on the top of the cantilever. The obtained frequency values have good agreement with the
experimental ones; the calculated root-mean-square deviation is 21.5 Hz. Table 1 summarizes the
geometrical parameters, the experimentally and numerically obtained resonance frequencies, as well
as the generated VOC amplitude for each cantilever.

Table 1. Geometrical parameters, calculated and measured resonance frequencies, peak output voltages,
quality factors for each piezoelectric cantilever, as well as the resonance frequency of uncoated spiral
beam and the corresponding theoretical values.

Ch.
L w R0 r mbeam mtm

Res. Freq. Peak Q
Res.

Fr./Etched

No. Exp. Calc. Voltage Factor Exp. Calc.

(π/mm) (μm) (μm) (μm) (ng) (ng) (Hz) (Hz) (mV) (Hz) (Hz)

1 8.0/11.8 145 870 315 50 320 281 283 6.89 145 241 240
2 7.0/9.4 150 850 300 41 287 345 337 8.80 133 289 295
3 7.0/9.2 150 800 300 40 287 365 366 9.60 148 311 312
4 7.0/9.2 150 800 290 40 266 374 348 9.53 254 321 319
5 7.0/9.1 145 800 280 38 246 389 377 5.71 117 335 332
6 6.5/7.4 160 760 310 36 309 408 379 4.47 218 343 348
7 8.0/10.3 145 800 250 40 190 417 424 2.64 176 352 357
8 6.0/7.4 160 760 300 33 287 425 473 5.02 216 - 2 362
9 7.0/7.7 160 760 250 36 190 497 471 3.40 180 422 424

10 7.0/7.7 150 760 230 34 157 526 543 3.05 173 449 449
11 6.5/6.3 180 700 230 34 157 663 679 4.40 245 578 576
12 6.0/6.5 140 700 210 27 127 672 687 3.14 210 590 574
13 7.0/9.9 145 850 310 42 309 1 363 - - 268 -
14 8.0/9.6 140 760 230 40 157 1 482 - - 414 -
15 6.0/6.6 180 700 180 27 88 1 874 - - 707 -
16 6.0/6.4 140 700 160 26 66 1 1058 - - 2 -
1 No resonance frequency was found in the 200–1200 Hz range. 2 Cantilever was broken during etching.

In order to validate the analytical model, and to see if any residual stress in the coating causes
systematic shift in the resonance frequency, we performed vibration tests on coating free bare
cantilevers. For that we removed the SiO2/Ti/Au/AlN/Ti/Au stacks from one chip in subsequent
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etching steps of potassium iodide solution, hot phosphoric acid (85 ◦C), potassium iodide solution,
and hydrofluoric acid. The resonance frequencies of the bare non-piezoelectric cantilevers were
determined by eye under optical microscope at manual frequency sweeps. As expected, the obtained
natural resonance frequencies are lower than the corresponding values for coated cantilevers. However,
it is a question if this 14.5% average lowering in frequency can be ascribed solely to the softening of
the cantilever or whether stress relaxation is also considerable. Therefore, we removed the layer stack
from the model as well, and repeated the calculation with the average Si Young’s modulus value of
ESi = 149.5 GPa. As shown in the last two columns of Table 1, the agreement between the measured and
calculated resonance frequencies for bare Si cantilevers is excellent. The obtained root-mean-square
deviation of 5.8 Hz is remarkably low for such a simplified analytical model. It has to be noted that no
fitting parameter was used for the calculation, only the measured geometrical and literature material
parameters were used. Since the agreement was also good for the coated cantilevers, and no systematic
shift was observed in the resonance frequencies, we can conclude that the effect of the AlN stress on
the resonance frequency, if there is any, is negligible in these cantilevers.

3.3. Resonant Modes

As it was found by the detailed COMSOL analysis, the listed eigenfrequencies do not correspond
to a pure vertical oscillation of the seismic mass (bending mode) but are also accompanied with a
torsional vibration. As shown in Figure 7a, the displacement of the beam is not simply increasing
from the clamping point to the center, but also superimposed with a periodic fluctuation. The off-axis
wobbling motion of the mass was also confirmed by a stroboscopic observation of the resonating
cantilever under optical microscope (Figure 7b).

(a) (b) 

Figure 7. (a) Deflection distribution along the spiral cantilever at a driving acceleration of 1 g calculated
by finite element analysis; (b) stroboscopic snapshot taken from the backside during shaking of the
microspiral under optical microscope. The live slow-motion video clearly showed the off-axis wobbling
movement of the seismic mass.

In accordance with these findings, the first bending mode frequencies calculated by a simplified
straight rectangular model (Equation (2)) using the same length, width (Table 1), and thickness
parameters are significantly lower than the corresponding experimental values shown in Figure 6.
Nevertheless, by plotting these points against each other, a clear linear correlation is observed
(f exp = 150 + 5.94·f bend), which can be used as a simple guideline for further chip designs (Figure 8).
Repeated vibrational analyses performed in the range of 20–200 Hz revealed the presence of lower
frequency resonances, presumably corresponding to these bending modes. However, they produce
significantly lower voltage signals, which are hardly detectable in the background electrical noise.
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Figure 8. Experimental resonance frequencies for each cantilever as a function of the calculated first
bending mode frequency using a simplified rectangular beam model.

3.4. Applicability in FICI

In the following, we will discuss the applicability of the piezo MEMS spirals in next generation
FICI from the viewpoint of the tonotopy and the output voltage. The test arrays showed clear frequency
selectivity in the 281–672 Hz range, which corresponds to the lowest part of the voice frequency regime.
The high Q-factors, up to 254, enable high vibration sensitivity and frequency selectivity. By applying a
shorter cantilever, it can be easily extended to the whole range up to 3400 Hz, or even to 20 kHz at the
same or at a smaller device footprint. The ultralow frequency range down to the hearing limit of 20 Hz
is more challenging, but seems to be also feasible for a 2 mm × 2 mm cantilever, assuming that we
can enhance the torsion free vertical oscillating mode e.g., by a double beam sandwich structure [12].
One critical issue, which can cause false tones for a CI patient, is an unwanted overtone. With the
demonstrated design, its exclusion was fairly successful in the 20–1200 Hz frequency range, since only
very small second peaks are visible in Figure 6, and the ultralow frequency resonances were suppressed.
However, the cantilever response in the upper part of the human audible range (1.2–20 kHz) was not
investigated in the present study.

The obtained output voltage signals (3–10 mV) are higher than the ones reported by Jang et al. [11],
therefore, it must be sufficient to excite hearing nerves through an implantable amplifier using a similar
system. However, in this study, the excitation was not done directly by sound pressure, but by controlled
acceleration of the cantilever frame. Moreover, its magnitude is much higher than the typical values for
human ossicles. The displacement of the stapes footplate is about 30 nm at 500 Hz, and at a sound
pressure level of 90 dB stimulus [17], which corresponds to an acceleration of 0.30 m/s2. Assuming
a linear relationship between the output voltage and the acceleration, the corresponding Channel
9 oscillator would result in an open circuit voltage of 100 μV, which is comparable to the magnitude
which was detected and amplified by Jang et al. [11]. On the other hand, the ultimate solution of a
FICI is a self-powered artificial basilar membrane which generates sufficient electronic power for the
direct excitement of the hearing nerves through an implanted multielectrode. However, it requires
further optimization in biocompatible piezoelectric materials, in CI electrode stimulation efficiency,
and in implantation design.

4. Conclusions

In summary, we demonstrated a one arm spiral cantilever design and fully CMOS compatible
fabrication procedure using biocompatible AlN piezoelectric layer and 3D micromachining. As it was
confirmed by surface optical microscope and vibration tests, the AlN coated cantilevers are free of
stress, which is essential for highly demanding human implants. The fabricated piezoelectric spiral
array with Si tip mass exhibited a clear tonotopy in the lower audible frequency range (281–672 Hz).
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The obtained high Q-factors (117–254) ensure high frequency selectivity for the targeted hearing sensor.
To the analytical model of Karami et al. [23], we added extra terms to represent the seismic mass at
the end of the spiral shape beam. The calculated natural resonance frequencies showed excellent
agreement with the experimental values for coating free cantilevers (RMS = 5.8 Hz). The same method
was also successfully used on AlN coated cantilevers, using a composite Young’s modulus value for the
layer stack. Besides, we also obtained a simple fit equation which helps to predict the main resonance
frequencies of the spiral beams. All the manufactured cantilevers fit into a square of 2 mm × 2 mm,
which satisfies the size constraint for middle ear implants. Thus, the feasibility of a frequency selective
compact sensor array has been demonstrated that could provide a basis for further fully implantable
cochlear implants.
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Abstract: This article presents experimental characterization and numerical simulation techniques
used to create large amplitude and high frequency surface waves with the help of a metal/ceramic
composite transducer array. Four piezoelectric bimorph transducers are cascaded and operated in
a nonlinear regime, creating broad band resonant vibrations. The used metallic plate itself resembles
a movable wall which can align perfectly with an airfoil surface. A phase-shifted operation of
the actuators results in local displacements that generate a surface wave in the boundary layer
for an active turbulence control application. The primary focus of this article is actuator design
and a systematic parameter variation experiment which helped optimize its nonlinear dynamics.
Finite Element Model (FEM) simulations were performed for different design variants, with a primary
focus in particular on the minimization of bending stress seen directly on the piezo elements while
achieving the highest possible deflection of the vibrating metallic plate. Large output force and
a small yield stress (leading to a relatively small output stoke) are characteristics intrinsic to the
stiff piezo-ceramics. Optimized piezo thickness and its spatial distribution on the bending surface
resulted in an efficient stress management within the bimorph design. Thus, our proposed resonant
transduction array achieved surface vibrations with a maximum peak-to-peak amplitude of 500 μm
in a frequency range around 1200 Hz.

Keywords: piezoelectric transducers; large stroke/high frequency vibrations; nonlinear duffing oscillator

1. Introduction

Recent progress in the field of aerospace engineering calls for new strategies to be developed
aiming to influence the skin-friction drag. Modern research in aviation is focused around the
central idea of influencing the aerodynamic flow behavior of the boundary layer near flight-relevant
Reynolds number. Possible concepts are the maintenance of laminar flow, delaying the transition from
laminar-to-turbulent flow, or influencing the turbulent boundary flow itself. Gad-el-Hak summarized
the use of Micro-Electro-Mechanical-Systems (MEMS) actuators for active flow control applications [1].
Kline et al. proposed the most widely recognized idea of a near-wall autonomous and regenerative
turbulence cycle, where the formation and interaction of local velocity fluctuations and coherent
vortex structures takes place [2,3]. Hutschins et al. argued that at higher Reynolds numbers,
the large-scale motion in the outer turbulent boundary layer can have a considerable effect on the
near-wall turbulent cycles [4]. The hairpin structures align coherently in groups to form long packets,
and packets align coherently to form very large-scale motions (VLSMs). Hence, the main objective of
this industry/academia joint project was to research the area of turbulent flow control and identify
suitable possibilities to influence the large-scale structures, resulting in reduced frictional drag.
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Adrian et al. argued that large amplitude vibrations at frequencies in the region of 1–10 kHz
can significantly influence the formation of large-scale coherent structures in the outer turbulent
boundary layer [5]. Numerical simulations have also predicted that turbulence can be suppressed
by the introduction of a transverse surface wave, leading to shear stress reduction [6]. Laadhari et al.
have shown experimentally that turbulence could be suppressed by a spanwise oscillation of a wall
section [7]. They produced sinusoidal oscillations (amplitude = 25 mm at frequencies in the region of
2–10 Hz) in a rectangular plate (1 m long, 0.7 m wide, and 10 mm thick) with a crank-shaft system.
Roggenkamp et al. utilized an electromagnetic actuation mechanism to create a span-wise transversal
surface wave, investigating vibration amplitudes of 250 to 375 μm at a frequency of 81 Hz [8]. Due to
high input power density, high working frequency, and extremely high stiffness, piezoelectric actuators
find themselves constantly in use for flow control applications. Warsop et al. developed a MEMS-based
pulsed jet actuator operated by a piezoelectric cantilever for a flow-separation control experiment [9].
They produced air jets with a maximum speed of 300 m/s at frequencies up to 500 Hz through
an orifice, having a diameter of 200 μm, modulated by the operation of a piezoelectric micro valve at
90 V. Haller et al. presented a smart array comprising a thin silicon membrane as a moveable wall with
a closed surface for active cancellation of flow instabilities [10]. They utilized uni-morph and cymbal
actuators as the excitation source, and fabricated their design with the piezo–polymer-composite
technology, creating a surface wave of about 125 μm amplitude having a resonance frequency near
220 Hz. Hence, here we present a metal–ceramic-composite modular array achieving much larger
vibrational amplitudes at comparatively higher frequencies. The metallic plate itself becomes the
moveable wall in the airfoil surface and creates transverse (either traveling or stationary) surface
vibrations within the turbulent boundary layer. The presented design shows system dynamics a factor
of 20 faster as compared to what is commonly found in the literature.

2. Design Rationale

The actuator design concept entails the desired challenges from the realms of aerodynamics and
continuum mechanics. Large amplitude surface vibrations (approximately 1 mm) at high frequencies
(approximately 1–10 kHz) are required to align perfectly to an airfoil surface. Moreover, spatial
limitations of the airfoil model restrict the maximum height of the transduction array to less than 25 mm.
Such high dynamic motion becomes a challenging task once the required input power is considered.
Extremely high strokes at high frequencies lead to extremely high accelerations, and therefore
huge restoring forces on the moving part of the actuator. Hence choosing a very small dynamic
mass—a 150 μm thin brass plate (20 × 90 mm2, ρ = 8440 kg/m3, E = 110 GPa) which would later
become a part of the air-foil surface itself—is vital for an efficient actuator design. Surface geometry
is designed to be rectangular, which provides an efficient way to cascade the actuators and form
a modular transduction array. The actuation surface dimensions are chosen so as to create a traveling
wave with a wavelength between 17 and 46 mm, actuating a 120 × 100 = 12,000 mm2 surface area [11].
In order to ensure smooth alignment and avoid external edges in the boundary layer, the brass plate is
glued along all edges with the help of two-component epoxy glue to an aluminum frame.

The basic actuation principle of the piezoelectric ceramic/metal composite actuator is the
“bimorph-effect” (see Figure 1). Essentially, the design consists of two identical piezo elements
(the active layer) symmetrically glued to a fully clamped rectangular brass plate (the passive layer).
Application of a large external electric field to the piezo elements elongates (or contracts) the active
layer while the passive layer tries to retain its original dimension, hence creating an inhomogeneous
stress distribution in the ceramic/metal interface. This inhomogeneous stress distribution—resultant
of the inherent piezoelectric electro-mechanical coupling—creates a bending moment, leading to
an out-of-plane deflection of the plate.
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(a) (b)

Figure 1. (a) 3D and cross-sectional view of the ceramic/metal composite array explaining its actuation
principle. (b) Measurement setup showing the 3D PSV 500 scanning vibrometer (Polytec GmbH,
Waldbronn, Germany) with a robotic arm measuring the entire actuation surface.

The phenomenon of resonance offers an energy-efficient operational window where energy
required for the acceleration is already stored as the elastic potential energy in the system.
Under steady-state conditions, only the damping forces need to be overcome by the exciting
piezoelectric coupling force. Hence, the piezo elements are excited near the resonance frequency
of the brass plate in order to vibrate the bimorph assembly into resonance. A complete analysis on
the choice of actuation principle was also published elsewhere [12,13]. As the center displacement
of the plate becomes larger than its thickness, in-plane stresses lead to a non-linear restoring
force. This geometrically-induced stretching of the mid-plane—commonly modeled as an additional
nonlinear spring—allows the actuator to achieve relatively higher strokes in a much broader range of
frequencies compared to a linear oscillator with comparable quality factor.

3. Finite Element Modeling

Timoshenko has proposed mathematical expressions that can be utilized as “test functions”
to analytically calculate the bending surface of a fully clamped rectangular plate [14].
However, symmetric application of the piezo elements to the clamped rectangular plate renders the
task non-trivial. Now, a finite set of test functions are required both in x and y directions to accurately
predict the bending surface while estimating the Ritz energy functions (similar to the derivations
carried out for piezoelectric compound structures [15,16]).

Nevertheless, for such complicated geometries, finite element modeling (FEM) provides the most
efficient solution. 3D numerical simulation, conducted using COMSOL Multiphysics 5.1 (COMSOL Inc.,
Stockholm, Sweden), helped to verify the experimentally obtained results. Here, an optimized device
geometry together with the material data provided by the manufacturers (see Table 1) was implemented
in a fully coupled electro-mechanical MEMS module for piezoelectric devices. The geometry was
built using COMSOL’s in-built Computer Aided Design (CAD) kernel, and the mesh was refined for
free tetrahedral geometry with a maximum element size of 100 μm and at the contact boundaries
with a maximum element size of 50 μm (see Figure 2). A “fixed-constraint” mechanical boundary
condition was used in the solid-mechanics module to create an all-clamped rectangular geometry.
An “electric-potential” terminal was used in the coupled electrostatics module generating 1 kV/mm
electric field on the piezo-strips. Large signal contributions, which are intrinsic to the nonlinear
piezoelectric behavior at high electric field strengths, are also externally added to the numerical
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model. A fully coupled stationary solver was implemented to solve 9.3 × 105 number of degrees of
freedom at a relative tolerance of 0.001. The used finite element model allows a geometric parameter
sweep to evaluate different device geometries, and numerical simulation results together with the
experimentally measured values are presented in the next sections.

Table 1. Material constants for PZT-5K4 (Morgan Advanced Materials, Ohio, OH, USA) provided by
the manufacturer: Morgan Advanced Materials (Ohio, OH, USA).

ρ [
kg
m3 ] ν Dielectric Constants Compliance’s ×10−12[ m2

N ] Charge Constants ×10−12[ m
V ]

8300 0.31 εT
33 = 7066 εT

11 = 6129 sE
33 = 20.03 sE

11 = 15.55 d33 = 926 d31 = -407 d15 = 950

Figure 2. COMSOL Multiphysics implementation of the design with a tetrahedral element mesh and
the expected vibration modes of the actuators.

4. Experimental Characterization

A systematic parametric analysis of the actuator’s design has helped to optimize its performance
near the desired frequency of operation. The most influential parameters—considering a large output
amplitude at relatively higher frequencies—are (i) the thickness of piezo elements (hp) in comparison
to brass plate which defines the position of the neutral plane on the cross-section and (ii) the spatial
distribution of piezo elements on vibrating composite (characterized as “ΔB”—see Figure 6). A detailed
analysis is presented in the next sections highlighting the impact of these optimization parameters on
the static and dynamic response of the actuator.

4.1. Test Setup

The quasi-static center displacement of the composite actuator up to a maximum of
1 kV/mm applied DC electric field was measured with the help of a 2 mm laser distance sensor
(AWL 7/2, Welotech GmbH, Laer, Germany). For dynamic characterization, the piezo elements were
excited near the first natural frequency of the brass plate with a sinusoidal signal sweep generated
using a function generator. For high electric field actuation, a high-voltage amplifier was used
(PZD 300 A, TREK INC., New York, NY, USA). Nonlinear resonant vibrations were measured with
a 3D laser vibrometer (PSV 500, Polytec GmbH, Waldbronn, Germany) mounted on top of a robotic
arm. The data were recorded and processed in a labVIEW program via a PC-interface (NI-cDAQ 9178,
NI9263 and NI9223 (National Instruments, Austin, TX, USA)). The test setup is shown in Figure 3.
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Figure 3. Schematic showing the dynamic experimental measurement setup.

4.2. Static Response

Although the actuator is designed to be used in resonance near the natural frequency of the brass
plate, static analysis provided vital information which helped to optimize the device geometry. The
first quadrant of the so called “butterfly-curve”—associated with intrinsic strain–electric field (S-E)
hysteresis in the piezo elements—is shown in Figure 4. The measured center displacement of the
plate (corresponding to the lateral strain generated by the piezo elements in the bimorph assembly)
follows the so-called virgin curve for an increasing electric field during the first run. The measurement
was repeated in a loop with successively decreasing maximum electric field value (Emax). Depending
on the stress history of the transducer, a remnant strain Srem leading to a remnant displacement at
zero electric field was observed. Degree of hysteresis is an important figure of merit for piezoelectric
transducers, characterizing the reproducibility of output stroke. Uchino [17] defined the degree of
hysteresis in a transducer as:

Degree o f Hysteresis % =
Δx

Xmax
× 100 (1)

where Xmax is the displacement at maximum electric field Emax, and Δx is the difference in displacement
for increasing and decreasing paths at half maximum of electric field, Emax/2. Degree of hysteresis in
a piezoelectric transducer relates to the thermal and mechanical losses in the piezoelectric elements
and/or the transducer design [18]. The main cause of these hysteretic losses in piezoelectric ceramics
is the so-called domain reversal mechanism, which causes internal friction in the ceramic domains [19].
Whereas our proposed transducer design comprises an epoxy glue between the piezo elements and
brass plate as well as the plate and the outer aluminum frame, making it the most probable cause of
mechanical losses.
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Figure 4. Uni-polar Strain–Electric field curve measured at successively decreasing maximum electric
field strengths, showing the intrinsic hysteresis and remnant strain.

The basic goal of the parametric sensitivity analysis was to analyze the static and dynamic actuator
characteristics when the active piezo elements were positioned near the clamped edges (ΔB = 1 mm)
as compared to the center of the brass plate (ΔB = 6 mm—a common configuration used in many
different piezoelectric actuation applications [20,21]). As ΔB increases in steps of 1 mm, the location of
the piezo elements moves from the edges towards the center of the plate. The relative position of the
piezo elements on the brass plate plays a significant role as we inspect the vibration characteristics of
the composite corresponding to the first eigen mode. Six different variations of the parameter ΔB were
fabricated (each actuator fabricated twice) and measured under the same experimental conditions.

Figure 5 shows numerically simulated bending lines of the quarter representation
(shown in Figure 6) which also follow the experimentally measured trend. Relatively large variations
of about 15 μm are seen along the ΔB = 1 mm bending curve, which are attributed to a rough
actuator surface. Numerically simulated bending lines at the mid-plane also show the characteristic
“bimorph-bending” exactly at the position where the piezo-elements are located. Electric field sweeps
measured at the mid point of the plate produce the previously mentioned S-E hysteresis curves.
Note that these hysteresis curves are always plotted after 10 cycles in order to remove the zero point
drift. The remnant strain Srem and hence the remnant displacement also follows the familiar trend
based on the relative vibrational amplitude seen directly at the piezo elements. Forward bending
of the hysteresis curves is also observed—a common characteristic seen under high electric field
operation. Displacement hysteresis among the design variants also show a dependence of the degree of
hysteresis on the spatial distribution of piezo elements on the bending surface. Degree of hysteresis—as
previously defined—is a characteristic of the width of the hysteresis loop and hence also corresponds
to the dissipated energy density per loop [22]. As identical piezo-ceramics are utilized for all six
configurations, this change in the dissipated energy density is solely attributed to the placement of
piezo elements on the bending surface, and hence their effective strain amplitudes.
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Figure 5. (a) Numerically simulated (solid lines) and experimentally measured (bold markers) bending
lines of a quarter actuator model. (b) Hysteresis curves for a parametric variation of ΔB.

4.3. Dynamic Response

While the dimensions of the plate itself determine the frequency range of operation, the thickness
of the piezo elements decides the location of the neutral axis on the ceramic/metal cross-section
(see Figure 6). It is vital to keep the position of the neutral plane exactly at the contact interface between
the piezo elements and the brass plate. This helps to avoid the active elements working against their
own motion and hence to avoid internal losses. Figure 6 also shows the dynamic characterization
results, where the typical hard Duffing-type nonlinearity is clearly observable in the frequency sweeps.
Here the thickness of the piezo elements is reduced from 250 to 190 μm, which helps to avoid internal
losses in the piezo elements. This change keeps the neutral plane at the contact interface, resulting
in more than a factor of two increase in the peak-to-peak output vibrational amplitude. Apart from
the piezo elements, there is another thin strip of brass attached exactly at the center of the vibrating
plate. This thin strip adds mass to the vibrating assembly without influencing the bending surface,
and hence acts a “frequency trimming mass”. This mass helps to compensate the design tolerances
and adjust the resonance frequency to the desired frequency of operation.

(a)
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hp = 190 μm with frequency trimming
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Figure 6. (a) Effect of piezo-thickness hp on the non-homogenous strain distribution (solid arrows) and
neutral axis position (dotted-dashed line). (b) Frequency sweeps near the first resonance frequency of
the actuator. All results were measured at an electric field strength of 0.72 kV/mm.

Under quasi-static conditions, the actuation scheme with piezo elements directly placed in the
middle of the plate (ΔB = 6 mm) favors the largest absolute bending, as the active elements are farthest
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away from the mechanically clamped edges (as seen in Figure 5). On the other hand, Figure 7 shows
the dynamic response of the transducers under increasing electric field strengths for two extreme
configurations (i.e., ΔB = 1 mm compared to ΔB = 6 mm). For high-frequency operations, the piezo
elements at the center of the plate tend to break apart quite easily at relatively lower excitation
field strengths. Transducers with piezo elements near the edges are relatively softer and have the
first resonance vibration mode (1,1) near 1200 Hz. Here we also observe the third resonance peak
(3,1), comparatively smaller than the first resonance peak. Depending on the position of the piezo
elements, the effective thickness of the bending surface (and hence its stiffness) in comparison to the
vibrating mass changes. This leads to an increased resonance frequency for the case ΔB = 6 mm.
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Figure 7. Frequency sweeps with increasing electric field strengths for transducer configurations with
piezo elements near the edges (ΔB = 1 mm—(a)) and at the center (ΔB = 6 mm—(b)) of the plate.

5. Discussion

Considering the fact that the first eigen mode of vibration is similar to the static deflection
of the transducer, we can draw comprehensive conclusions based on the static FEM simulation
results. As piezo ceramics are known to be fragile towards tensile stresses, a “cost function” is
defined in terms of the tensile stress σ22 seen along the active piezo elements and the maximum
output absolute deflection of the composite at 1 kV/mm. For large amplitude vibration, minimizing
the cost function would result in the strongest actuation with low stress levels in the active piezo
elements. Figure 8 shows the numerically simulated cost function under quasi-static conditions for
different transducer configurations along the x-axis cutline. Note that for clarity the cutline is only
shown on a 2D simplification. At the ceramic boundaries along the x-axis cutline, a clear jump in the
tensile stress distribution is observed. These jumps are accompanied by the irregular spikes, which
are presumably a simulation anomaly arising due to a possible stress concentration at the ceramic
boundaries (and hence a sudden jump in the neutral axis position). The maximum cost function value
along the x-axis for ΔB = 6 mm configuration is higher as compared to the ΔB = 1 mm configuration.
Here, the piezo elements themselves have to undergo the complete range of vibration as compared
to transducers with piezo elements near the edges. Hence, the effective dynamic strain amplitude
seen directly at the piezo elements is relatively larger when they are positioned at the middle of the
plate. Thus, positioning the piezo elements near the edges allows them to withstand a much higher
electric field strength while the composite vibrates in resonance. Due to the breakage of the brittle
ceramics under resonant vibrations, positioning the piezo ceramics near the edges of the plate offers
a considerable advantage for fast dynamic motion with large vibrational amplitudes.
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Figure 8. Numerically simulated cost-function (defined in terms of a ratio of tensile stress σ22 at the
piezo to max. absolute output amplitude) across the x-axis cutline.

Finally, four such transducers are cascaded in a row to form an array capable of creating surface
waves. Here the individual actuators are operated with a phase-shifted sinusoidal excitation signal
at a frequency of 1200 Hz. Due to the above-mentioned nonlinear hardening behavior, a sweep from
lower to higher frequencies is always required in order to vibrate the plate in the higher energy orbit.
Figure 9 shows the 3D vibration surface of four such optimized transducers operated with and without
a phase shift of 90◦ among each other. The vibration surface is measured with the 3D PSV vibrometers
mounted on a robotic arm, as shown in Figure 1. The whole actuation surface is divided into a fine
rectangular mesh of measurement points and recorded individually. As the phase information is also
recorded with the vibrometer, a reconstruction of the measured data with the help of the automated
PSV software from Polytec GmbH allows every mode to be visualized individually. Slight differences
in the peak-to-peak values are attributed to different resonance frequencies of the transducers, which
are minimized by frequency trimming but remain unavoidable.

(a)

(b)

Figure 9. Surface vibrations of the whole array measured with the help of a 3D PSV vibrometer
mounted on a robotic arm for in-phase (a) and 90◦ out-of-phase (b) actuation.
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6. Conclusions

Here we have presented a high energy density transduction scheme suitable for extremely fast
system dynamics capable of creating either stationary or traveling surface waves in a turbulent
boundary layer. Piezoelectric transducers are normally quite stiff and suitable for high-frequency
operations. On the other hand, piezo ceramics are known to be particularly sensitive towards tensile
loads. For large amplitude vibrations, the limiting factor for maximizing the stroke of the actuator
is the mechanical failure of the brittle piezo ceramics, which break away at higher excitation field
strengths. As observed in the parametric optimization results, ceramic/metal composite transducer
shows the maximum absolute displacement under quasi-static conditions when the active elements
are positioned near the middle of the plate. Here, the piezo elements themselves are positioned at
the maximum displacement portion of the bending surface. On the contrary, positioning the piezo
elements near the clamped edges have the advantage that the piezo-ceramics themselves do not
have to undergo the maximum vibrational amplitude when the plate starts to vibrate in resonance.
Therefore, the optimization criterion for a fast dynamic application is to have the smallest possible
bending stress on the piezo elements while achieving maximum stroke of the vibrating plate.
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Abstract: Considering coil inductance and the spatial distribution of the magnetic field, this paper
developed an approximate distributed-parameter model of a hybrid energy harvester (HEH).
The analytical solutions were compared with numerical solutions. The effects of load resistances,
electromechanical coupling factors, mechanical damping ratio, coil parameters and size scale
on performance were investigated. A meso-scale HEH prototype was fabricated, tested and
compared with a stand-alone piezoelectric energy harvester (PEH) and a stand-alone electromagnetic
energy harvester (EMEH). The peak output power is 2.93% and 142.18% higher than that of the
stand-alone PEH and EMEH, respectively. Moreover, its bandwidth is 108%- and 122.7%-times that
of the stand-alone PEH and EMEH, respectively. The experimental results agreed well with the
theoretical values. It is indicated that the linearized electromagnetic coupling coefficient is more
suitable for low-level excitation acceleration. Hybrid energy harvesting contributes to widening
the frequency bandwidth and improving energy conversion efficiency. However, only when the
piezoelectric coupling effect is weak or medium can the HEH generate more power than the
single-mechanism energy harvester. Hybrid energy harvesting can improve output power even at
the microelectromechanical systems (MEMS) scale. This study presents a more effective model for
the performance evaluation and structure optimization of the HEH.

Keywords: hybrid energy harvester; piezoelectric; electromagnetic; approximate distributed-
parameter model; parametric analysis

1. Introduction

Vibration energy harvesting technology, which converts the ambient vibration energy into electric
energy, has drawn much attention in recent years. It is considered as a promising solution to power
the low-power portable microelectronic devices and wireless sensor networks. The conventional
conversion mechanisms comprise piezoelectric [1], electromagnetic [2], electrostatic [3] and
magnetostrictive [4] types. It is a challenge for researchers to design the vibration energy harvester
(VEH) with a broad operating frequency bandwidth and outstanding energy density. Because many
reported VEHs are based on the principle of a linear single-degree-of-freedom (SDOF) system, only
when the resonant frequencies match the excitation frequencies can they achieve the optimum
generating performance. However, the ambient vibration frequency is broadband and random.
To improve the performance of the VEH, hybrid energy harvesting technology combining piezoelectric

Micromachines 2017, 8, 189 147 www.mdpi.com/journal/micromachines
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and electromagnetic mechanisms is proposed. It shows an increasing trend and attracts more and
more attention from scholars.

Generally, the hybrid energy harvester (HEH) is transformed from the piezoelectric energy
harvester (PEH) by replacing the proof mass with a permanent magnet and adding an induction
coil. The PEH generates electricity by means of the piezoelectric effect. The magnet is used to tune
the resonant frequency and amplify the deformation of the piezoelectric element. Meanwhile, the
relative motion between magnet and coil can induce electric current in the coil due to Faraday’s
law of electromagnetic induction. Both the magnet and induction coil are the components of the
electromagnetic energy harvester (EMEH). Considering different vibration sources and application
backgrounds, scholars conducted a series of structural designs for the HEH, such as wearable
HEH [5], cantilever-type HEH [6,7], multimodal HEH [8–10], multi-frequency HEH [11], nonlinear
HEH [12,13] and frequency up-converted HEH [14,15]. In a word, the beam structure is the most
typical configuration of the reported HEH. With the development of microelectromechanical systems
(MEMS), the dimension of the HEH shrinks from meso to micro size [16]. In order to evaluate the
generating performance of micro-scale HEH, it is meaningful to investigate the scaling effects on the
mechanical and electrical properties, which has not been reported up to now.

In addition, some scholars also make efforts to develop an effective theoretical model of the
HEH to predict the generating performance and analyze the effects of parameters on the energy
harvesting characteristics. Mostly, the HEH is simplified to be a spring-mass-damper system, and the
lumped-parameter theoretical model [17] is established. However, many models [5–7,9,10] ignored
the effects of piezoelectric and electromagnetic coupling coefficients on the effective stiffness of the
system. Both Li et al. [18] and Shan et al. [19] ignored the influence of coil inductance. The approximate
distributed-parameter model [12,20] derived from the energy method is another common model,
which is more accurate than the lumped-parameter one. It takes into account the effects of mode shape,
strain distribution, distributed mass and stiffness on the performance of the energy harvester. In the
process of mathematical modeling, the electromagnetic coupling coefficient is mostly oversimplified
and considered to be a constant. The effects of the nonlinear and linear electromagnetic coupling
coefficients on the output power are not clear. Moreover, the effect of the coil inductance mostly is
not taken into account. Therefore, it is disadvantageous for the performance evaluation and structure
optimization of the HEH based on those theoretical models.

In this paper, a hybrid piezoelectric-electromagnet energy harvester is modeled, theoretically
analyzed and experimentally tested. The objective of this paper is to develop an approximate
distributed-parameter theoretical model of the HEH by considering the coil inductance and spatial
distribution of magnetic field and to analyze comprehensively the effects of key parameters on the
generating performance.

2. Modeling

Based on the previous research articles, a typical HEH with the cantilever-beam structure
is designed, as depicted in Figure 1. It comprises a bimorph piezoelectric cantilever beam with
a permanent magnet as the tip mass and a cylindrical induction coil attached on the frame.
The piezoelectric beam is fixed on the base, whose oscillation is harmonic. The piezoceramic operates
in the d31 mode. Both piezoceramic layers are assumed to be perfectly bonded to both sides of
the substrate, respectively. They are oppositely poled in the thickness direction and connected in
series. The conductive electrodes fully cover the top and bottom surfaces of the piezoceramic layers.
The proof magnet is considered as a mass point without the rotary inertia. Under the small-amplitude
oscillation, the Euler–Bernoulli beam theory is applicable to the piezoelectric beam. As a consequence,
the rotary inertia and shear deformation of the beam are neglected. In addition, the coil and magnet
are axially aligned.
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Figure 1. Schematic diagram of the hybrid energy harvester.

The electromechanical coupling model of the HEH can be derived by the energy method [21,22].
According to Hamilton’s principle, the energies of the electromechanical system satisfy the
following equation: ∫ t2

t1

[δ(T − U) + δWnc]dt = 0 (1)

where T, U and Wnc denote the kinetic energy, potential energy and virtual work of the system,
respectively. δ is the variational operator.

When the HEH is subjected the transverse harmonic excitation along the z-axis, only the transverse
displacement is considered. The kinetic energy T of the HEH is the sum of the translational kinetic
energies of the cantilever beam and magnet, which is defined as:
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where V and ρ represent the volume and density, respectively. The subscripts “s” and “p” denote the
substrate and piezoceramic, respectively. Mt is the mass of the magnet. L is the length of the beam.
u(x, t) is the displacement of the piezoelectric beam relative to the base at the axial position x and
time t. Dots indicate the time derivatives. Therefore,

.
u is the velocity. The superscript “t” denotes the

transpose of the matrix.
The potential energy U consists of four terms: the elastic potential energy stored in the substrate

and piezoceramic layers, electric energy stored in the piezoceramic layers and the magnetic co-energy
stored in the induction coil. It is given by:
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where S, T, E and D are the strain, stress, electric field and electric displacement, respectively. Q is the
charge passing through the coil. Lc is the inductance of the coil.

The virtual work Wnc applied to the HEH contains the mechanical work done by electromagnetic
force, base excitation force, mechanical damping force and electrical work due to the charges. Hence,
the virtual work can be expressed as:

δWnc = −δu(L)t Mt
..
ub −

∫
Vs

δutρs
..
ubdVs −

∫
Vp

δutρp
..
ubdVp − ∫ L

0 C
.
uδudx

−δQt(Rc + R2)
.

Q +
nq
∑

j=1
δφjqj + θe

.
Qδu(L)

(4)

where ub(t) is the base displacement and
..
ub is the acceleration. C denotes the viscous damping,

which can be experimentally determined by the logarithmic decrement method [23]. Rc and R2 are
the internal resistance of the coil and the external load resistance connected to the coil, respectively.
φj = φ(xj, t) is the scalar electrical potential for each of the nq electrode pairs at position xj. qj is the
charge extracted from the corresponding electrode pairs. θe is the electromagnetic coupling coefficient.

149



Micromachines 2017, 8, 189

Due to the low frequency of the ambient excitation, the first mode is our research focus. Based on
the small-signal constitutive equations of piezoelectricity [24], the relationship between the stress and
strain of the substrate, the Rayleigh–Ritz approach and the Euler–Bernoulli beam assumption, the
modal electromechanical coupling equations of the HEH are given by:

⎧⎪⎨
⎪⎩

M
..
r + C

.
r + Kr − θpv − θem I2 = −Bf

..
ub

θp
.
r + Cp

.
v + v/R1 = 0

θem
.
r + Lc

.
I2 + (Rc + R2)I2 = 0

(5)

where v = R1
.
q is the voltage across the piezoelectric beam. R1 is the external load resistance connected

to the beam. I2 is the current in the coil. Note that u(x, t) = ψr(x)r(t), where ψr(x) and r(t) denote
the mode shape and mechanical temporal coordinate, respectively. M, K, θp, θem, Bf and Cp are the
effective mass, effective stiffness, piezoelectric coupling term, electromagnetic coupling term, forcing
coefficient and capacitance, respectively. θem is equal to the product of θe and ψr(L).

The calculation of the electromagnetic coupling coefficient θe is related to the accuracy of the
mathematical model and the optimization of system parameters. In this paper, it is established based
on the magnetic dipoles model, which has been reported in our previous study [11]. The result is
expressed as:

θe = − BrVm fc N
2Ac

[
ln

Ri+
√

R2
i +(z2−hc)

2

Ro+
√

R2
o+(z2−hc)

2 + ln Ro+
√

R2
o+z2

2

Ri+
√

R2
i +z2

2

+ Ro√
R2

o+(z2−hc)
2 − Ro√

R2
o+z2

2
− Ri√

R2
i +(z2−hc)

2
+ Ri√

R2
i +z2

2

] (6)

where Br and Vm are the residual magnetic flux density and volume of the magnet, respectively. Ri,
Ro, hc, f c and N are the inner radius, outer radius, height, fill factor and turns of the induction coil,
respectively. Ac = (Ro − Ri)hc is the cross-section area of the coil. z2 is the position coordinate of the
magnet core relative to the coil. It can be seen that there is a nonlinear change of θe with the change of
magnet position z2. This model takes the spatial distribution of the magnetic field into account.

When the HEH is excited by the harmonic vibration, the beam-tip displacement relative to the
base is u(L). Therefore, z2 can be expressed as z2 = u(L) + z0, where z0 is the position coordinate of the
magnet core at static balance. A Taylor series expansion of θe about z0 is:

θe =
∞

∑
i=0

∂iθe

∂zi
2

∣∣∣∣∣
z2=z0

· ui(L)
i!

(7)

For convenience, θe can be simplified to θe(z0) in the linearized model under small
signal excitation.

Defining a state vector X =
[

X1 X2 X3 X4

]t
=
[

r
.
r v I2

]t
(t denotes the transpose

of the vector here), Equation (5) can be written in the state space form as:

.
X =

⎡
⎢⎢⎢⎢⎣

X2

− K
M X1 − C

M X2 +
θp
M X3 +

θem
M X4 − Bf

M
..
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− θp
Cp

X2 − 1
CpR1

X3

− θem
Lc

X2 − Rc+R2
Lc

X4

⎤
⎥⎥⎥⎥⎦ (8)

The output average power delivered to the external loads R1 and R2 is respectively given as:

Pnp =
1
T

∫ T

0
v2/R1dt (9)
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Pne =
1
T

∫ T

0
I2
2 R2dt (10)

where T = 2π/ω is the cycle of the base excitation. ω is the angular velocity.
The total output power of the HEH with nonlinear θe is:

P1 = Pnp + Pne (11)

When using the linearized model of θe, the analytical solutions of the amplitude for relative
displacement, voltage across the load resistance R1 and current through the coil can be derived from
Equation (5), as shown below:

|r| = | ..
ub|Bf

K ·
[(

1 − Ω2 +
κ2

pλ2
pΩ2

1+λ2
pΩ2 +

κ2
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1+λ2
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e λeΩ
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(12)

|v| = θp

Cp
· λpΩ√

1 + λ2
pΩ2

· |r| (13)

|I2| = θem

Lc
· λeΩ√

1 + λ2
eΩ2

· |r| (14)

where Ω = ω/ω1 is the excitation frequency ratio. ω1 =
√

K/M is the first undamped natural frequency
of the piezoelectric beam. κ2

p = θ2
p/(KCp) and κ2

e = θ2
em/(KLc) are the effective electromechanical

coupling coefficients for the PEH and EMEH, respectively. λp = R1Cpω1 and λe = Lcω1/(Rc + R2) are
the normalized load resistances connected to the PEH and EMEH, respectively. ζm = C/(2

√
KM) is

the mechanical damping ratio.
The instantaneous output power of the PEH is calculated as Pp = v2/R1, and that of EMEH is

Pe = I2
2 R2. Therefore, the total average output power of the HEH with linear θe is:

P2 = Pp + Pe =
r2

max
2

[
Kω1κ2

pλpΩ2

1 + λ2
pΩ2 +

Kω1κ2
eλeΩ2

1 + λ2
eΩ2 ·

(
1 − λe

λc

)]
(15)

where λc = Lcω1/Rc is the normalized internal resistance of the coil. rmax denotes the magnitude of
the relative displacement.

The harvested vibration energy from the base excitation is ultimately dissipated due to the
mechanical damping and electric resistances. We have to note that there is power loss due to the internal
resistance of the coil. In general, this part is neglected by researchers [25,26]. The average power
dissipated by the mechanical damping and internal resistance of the coil is respectively expressed as:

Pd =
ω

2π

∫ 2π/ω

0
C

.
r2dt =

1
2

Cω2r2
max (16)

Pc = Pe · Rc

R2
(17)

As a result, the energy conversion efficiency is obtained by:

η =
P2

P2 + Pd + Pc
(18)

From Equation (12), it can be seen that the piezoelectric and electromagnetic coupling affect the
effective stiffness and damping of the system. The effective damping of the HEH is:
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Ceff = C +
Kκ2

pλp

ω1(1 + λ2
pΩ2)

+
Kκ2

eλe

ω1(1 + λ2
eΩ2)

= C + Dp + Dem (19)

where Dp and Dem are respectively defined as the piezoelectric and electromagnetic damping.
The power angular bandwidth [27] of the HEH can be derived by:

Δω = 2ζω1 = 2(ζm + ζe)ω1 =
C + Dp + Dem

M
(20)

where ζ is the total damping ratio of the HEH. ζe = (Dp + Dem)/(2
√

KM) denotes the electrical
damping ratio, which is the sum of the piezoelectric and electromagnetic damping ratios.

3. Fabrication and Parametric Analysis

In this section, numerical and analytical solutions of the output power of the HEH for different
excitation frequency ratios and accelerations are obtained by using MATLAB software (R2012b,
MathWorks Inc., Natick, MA, USA) and compared firstly, so as to analyze the effect of electromagnetic
coupling coefficient. The analytical solutions are used to investigate the influences of electric load
resistances, electromechanical coupling factors, mechanical damping ratio, coil parameters and size
scale on the generating characteristics and dynamic responses of the HEH with the acceleration of the
harmonic base excitation 2 m/s2.

Firstly, a meso-scale HEH prototype based on the proposed structure was fabricated, as shown in
Figure 2. The bimorph piezoelectric cantilever beam is made of phosphor bronze substrate and two
lead zirconate titanate (PZT-5H) layers. The magnet material is NdFeB (N35). The induction coil is
wound with copper wire. The geometric and material parameters of the HEH are listed in Table 1,
where cE

11, e31 and εS
33 are experimentally obtained by using the impedance analyzer (Agilent 4294A).

For the convenience of qualitative analysis, the magnetic core is located at the same height as the upper
surface of the coil at the static state. The default of the mechanical damping ratio ζm is set to 0.02.

 

Figure 2. Prototype of the hybrid energy harvester (HEH).

Table 1. Geometric and material parameters of the HEH.

Parameter Value

Substrate length × width × thickness (mm3) L × b × hs 62 × 20 × 0.26
Substrate density (kg/m3) ρs 8920

Substrate Young’s modulus (GPa) cs 90
PZT length × width × thickness (mm3) L × b × hp 50 × 20 × 0.2

PZT density (kg/m3) ρp 7386
PZT elastic stiffness (GPa) cE

11 59.77
Piezoelectric stress constant (C/m2) e31 −13.74

Dielectric permittivity (nF/m) εS
33 38.62
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Table 1. Cont.

Parameter Value

Magnet radius × height (mm2) R × hm 6 × 10
Residual magnetic flux density (T) Br 1.25

Magnet density (kg/m3) ρm 7800
Coil turns N 2050

Coil inner radius × outer radius × height (mm3) Ri × Ro × hc 11 × 13.15 × 17
Wire diameter (mm) Dw 0.123

Wire resistance per unit length (Ω/m) ρc 2.16

3.1. Comparison of Numerical and Analytical Solutions

Figure 3 shows the comparison of output power obtained from numerical and analytical solutions
at 2-, 10-, 20- and 40-m/s2 excitation acceleration. Note that Pap and Pae denote the analytical results
generated from PEH and EMEH subsystems, respectively. The values of R1 and R2 are 1/(Cpω1) and
Rc, respectively. Define ωr as the resonant frequency of the HEH with load resistances and Ωr = ωr/ω1

as the normalized resonant frequency. From Figure 3, we can see that the resonant frequency ratio
Ωr of HEH is not affected by the excitation acceleration and remains unchanged. However, the
difference between the output power of numerical and analytical results gradually increases with the
increment of excitation acceleration. This is due to the effect of electromagnetic coupling coefficient
θe. In the linearized model, θe is considered to be a constant, which is almost equal to the maximum
value of nonlinear θe in the steady state. Consequently, the electromagnetic damping force induced
by the linearized θe is much larger than that in the numerical model. The vibration response of
piezoelectric beam is suppressed more obviously, which leads to the decrease of the output power from
the PEH subsystem. Furthermore, the effect of vibration suppression is enhanced with the increasing
of the excitation acceleration, resulting in the enlargement of the difference between numerical and
analytical solutions. Although the output power generated from the EMEH subsystem is related with
θe, the relative velocity between magnet and induction coil is another determining factor. The magnet
is slowed down along with the vibration suppression. Therefore, the output power of the EMEH
subsystem also decreases. It is indicated that the linearized model of θe is more suitable to predict the
generating performance of the HEH in the low excitation acceleration level.

Table 2 lists the resonant frequency ratios and peak output power at different excitation
accelerations obtained from numerical and analytical solutions. Figure 4 shows the deviation rates
of analytical values relative to the numerical values. “h”, “p” and “e” in the legend represent the
HEH, PEH subsystem and EMEH subsystem. The minus sign of the deviation rate indicates that the
analytical value is less than the numerical one. Obviously, the deviation rates have a similar trend.
Meanwhile, the peak power of the EMEH subsystem is the most affected. However, its magnitude
is approximately one-fifth of that of the peak power generated from the piezoelectric subsystem.
Therefore, linearized θe has almost the same effect on the peak power of the HEH and PEH subsystem.
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Figure 3. Output power versus excitation frequency ratio for different excitation accelerations: (a) 2
m/s2; (b) 10 m/s2; (c) 20 m/s2; (d) 40 m/s2.

Table 2. Comparison of peak power from numerical and analytical solutions.

Acceleration (m/s2)

Numerical Results Analytical Results

Ωr

Peak Power (mW)
Ωr

Peak Power (mW)

P1 Pnp Pne P2 Pap Pae

2 1.015 1.288 1.081 0.207 1.015 1.287 1.080 0.207
10 1.015 32.969 27.635 5.334 1.015 32.175 27.002 5.173
20 1.015 139.291 116.588 22.703 1.015 128.702 108.008 20.694
40 1.015 600.311 502.117 98.194 1.015 514.806 432.031 82.775

 

Figure 4. Deviation rates of the analytical values relative to numerical values. “h”, “p” and “e” in the
legend represent the HEH, the piezoelectric energy harvester (PEH) subsystem and the electromagnetic
energy harvester (EMEH) subsystem.

154



Micromachines 2017, 8, 189

3.2. Effects of Load Resistances on the Performance of the Hybrid Energy Harvester (HEH)

Based on the previous analysis, there is little difference between analytical and numerical solutions
at low-level excitation acceleration. Consequently, the analytical solutions will be used in the later
sections, and the excitation acceleration is set to 2 m/s2.

As defined in the modeling section, λp and λe are the normalized electric resistances connected to
the piezoelectric layers and induction coil, respectively. From Equation (12), the equivalent stiffness of
the system can be expressed as:

Keff = K +
θ2

pR2
1Cpω2

1 + R2
1C2

pω2
+

θ2
emLcω2

L2
cω2 + (R2 + Rc)

2 (21)

It can be seen that load resistances can change the equivalent stiffness, as well as the
resonant frequency.

Figure 5 shows the effects of normalized load resistances on the performance of the HEH.
Obviously, λp plays a greater role in tuning the resonant frequency, as displayed in Figure 5a. With the
increasing of λp, the resonant frequency gradually rises and tends to a stable value. However, the
influence of λe seems to be negligible. Therefore, during the impedance matching of the experiment,
the load resistance of the PEH subsystem should be preferentially determined, then that of the EMEH
part. When λp = 0 and λe = 0, the piezoelectric layers are short-circuit, and the coil is open-circuit.
At this time, Ωr = 0.9996, which denotes the normalized damped natural frequency and is named as
the short-circuit resonant frequency sometimes [28]. When λp = 6, the piezoelectric layers are close to
the open-circuit condition. The open-circuit resonant frequency is 1.0284 when the coil is open-circuit.
This value is determined by the piezoelectric coupling term.

In Figure 5b, it can be seen that both load resistances affect the free-end displacement amplitude of
the piezoelectric beam at the resonant frequency. With the increment of λp, this value first declines and
then bounces back. However, it steadily decreases with the rising of λe. When λp = 1.02 and λe = λc,
the amplitude reaches the lowest point 0.6189 mm, which is 42.86% the maximum value (1.4441 mm).
It reveals that extracting electrical energy can suppress the vibration of the beam. Letting the excitation
frequency ratio Ω = 1, Figure 5c illustrates the output power of the HEH for different load resistances.
It is clear that the output power first rises up and then falls off with the increasing of one load resistance,
when the other one is kept constant. It reaches the maximum value 1.3730 mW when λp = 0.55 and
λe = 0.005. According to the figure, we can conclude that hybrid energy harvesting provides an
increment of output power, based on the parameters defined before. The energy conversion efficiency
has the similar tendency as that of output power, as shown in Figure 5d. It reaches the highest 45.19%
when λp = 1 and λe = 0.012. Comparison of Figure 5c,d shows that the matched load resistances for the
optimal output power and energy conversion efficiency are not consistent. This is because the output
power is related to the product of amplitude and efficiency. Furthermore, the optimal output power
and energy conversion efficiency do not imply an optimal vibration suppression effect.

Figure 5e represents the varying of the operating frequency bandwidth. The bandwidth rises up
with the increase of λe. However, it first increases and then declines when λp = 1. Due to the coupling
of electromagnetic and piezoelectric energy harvesting, the electrical damping of the system increases,
resulting in widening of the operating frequency bandwidth.
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Figure 5. Performances of the HEH for different normalized load resistances λp and λe: (a) normalized
resonant frequency Ωr; (b) free-end displacement amplitude of the piezoelectric beam at the resonant
frequency; (c) output power; (d) energy conversion efficiency; (e) operating frequency bandwidth.

3.3. Effects of Electromechanical Coupling Factors on the Performance of the HEH

In previous literature [29,30], scholars took κ2
p/ζm as the indicator of the piezoelectric coupling

effect. In this paper, we define the piezoelectric coupling factor σp = κ2
p/ζm. Similarly, we take

electromagnetic coupling factor σe = κ2
e/ζm as the indicator of the electromagnetic coupling effect.

Based on the parameters defined before, the values of σp and σe are about 3.0 and 25.0, respectively.
Ω is still set to one.

Figure 6 plots the optimal output power and energy conversion efficiency of the HEH with
matched load resistances for different σp and σe. The power climbs sharply at first and then slows
down as σp increases. There is also a growing tendency of the optimal power with the increase of
σe, although the influence of σe almost fades off when σp is larger than eight. Apparently, σp exerts
stronger influence on the power than σe. In a word, when the piezoelectric coupling effect is weak
or medium, HEH generates more power than the single-mechanism energy harvester. With the
enhancement of coupling effects, the efficiency also steadily increases. According to the figure, we can
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conclude that hybrid energy harvesting mechanism contributes to improving the energy conversion
efficiency of VEH.

 

Figure 6. Optimal output power and energy conversion efficiency for different coupling factors σp and
σe: (a) output power; (b) energy conversion efficiency.

3.4. Effect of Mechanical Damping Ratio on the Performance of the HEH

Mechanical damping can consume the energy of the HEH and limits the generating performance.
To observe the effect of mechanical damping, Figure 7 provides the output power increment of the HEH
relative to the conventional PEH with matched load resistances for different Ω and ζm. Both matched
values of λp connected to HEH and PEH are 0.55. The matched λe is 0.005. It can be seen from
the figure that when ζm < 0.041, there are two peaks in the power increment, corresponding to the
vicinity of excitation frequency ratios of 0.98 and 1.03. On the contrary, there is only one peak around
Ω = 1.03. The appearance of two peaks is due to the broader bandwidth of the HEH. In addition, the
minimum power increment dramatically reduces to the negative value with the decrease of ζm. It
implies that the peak output power of the PEH is larger than that of the HEH under the condition of
very small mechanical damping. When ζm is bigger than 0.015, the generating performance of the
HEH is definitely better than that of the PEH. Overall, the mechanical damping ratio can affect the
superiority of the HEH to the PEH.

 

Figure 7. The output power increment of the HEH relative to the conventional PEH with matched load
resistances for different Ω and ζm.

3.5. Effects of Coil Parameters on the Performance of the HEH

In order to evaluate the effects of the induction coil parameters on the generating performance of
the HEH, we analyzed the effects of height hc and outer radius Ro of the coil on the inductive reactance
|ZL|, resonance frequency ωr, electromagnetic coupling coefficient θe and electromagnetic coupling
factor σe, as shown in Figure 8.
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Note that |ZL| = ωLc. Considering the frequencies of most vibration sources in the environment
below 200 Hz [31], the excitation frequency in the analytical model is assumed to be 200 Hz. For a
certain geometry of the coil, the copper wire is supposed to be tightly wound and entirely fill the
coil volume. The external load resistance R2 is equal to Rc. When hc and Ro increase, the coil turns
and Rc will increase, as well as the ratio of |ZL| to Rc. As designed in this paper, Ro is 13.15 mm,
and hc is 17 mm. The corresponding ratio is about 0.35, which is much higher than the actual
value. If the matched load resistance R2 is taken into account, the ratio of |ZL| to (Rc + R2) will be
close to 0.18. In an integral energy harvesting system, the proportion of |ZL| relative to the total
impedance of the system will further drop due to the impedance introduced by the external circuit.
In Figure 8b, the load resistance R1 is set zero to exclude the influence of the piezoelectric coupling
term on the resonant frequency. As can be seen, the ratio reaches the maximum value 1.05 when
hc = 21.1 mm and Ro = 21.4 mm. Hence, the resonant frequency of the vibration energy harvester can
be tuned by changing the parameters of the induction coil. However, the frequency tuning range is so
limited that many scholars neglected the effect of inductive reactance on the resonant frequency for
the simplification.

There is a notable distinction between electromagnetic coupling coefficient θe and coupling factor
σe for different hc and Ro. θe gradually increases with the increase of hc or Ro. As reported before [11],
the inductive electromotive force is proportional to θe. However, this does not mean that the higher θe

is, the better the generating performance of the HEH is. σe shows a downward trend with the increase
of Ro and reaches the peak when hc = 13.1 mm and Ro = 12.3 mm. This is mainly because the increase
of hc and Ro induces the increase of inductance of the coil. Referring to Figure 6, the higher the value
of σe is, the more electric power that can be generated. Therefore, the coil parameters of the HEH
should be optimized according to the variation of σe.

 

Figure 8. Performance of the HEH for different hc and Ro: (a) ratio of inductive reactance |ZL| to
internal resistance Rc of the coil; (b) ratio of resonant frequency ωr to undamped natural frequency ω1;
(c) electromagnetic coupling coefficient θe; (d) electromagnetic coupling factor σe.
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3.6. Scaling Effects on the Performance of the HEH

To observe the size-scale effect on the performance, we hold all parameters constant except the
geometric dimensions. Define α as the scaling factor. As a sample, all geometric dimensions of the
HEH are scaled down by 100 times when α = 0.01. Five cases with scaling factors of 1, 0.1, 0.01, 0.001
and 0.0001 are calculated to explore the scaling effects. That is to say, the performance of the HEH
is analyzed with the size range from the mm to the μm scale. Figure 9 displays the mechanical and
electrical performance of the HEH for different scaling factors. Figure 9a shows a positive correlation
between the effective stiffness and scaling factor. Therefore, the beam can deform more and more
under the same transverse load as the size is scaled down. However, the undamped resonant frequency
f 1 of the piezoelectric beam increases with the size reduction. That is due to greater shrinking of the
mass by α3. Piezoelectric and electromagnetic coupling factors have no size dependence under the
assumption that the material parameters remain unchanged. As a resonant VEH, it is clear that only in
the vicinity of the resonant frequency can the HEH have excellent generating performance. Therefore,
the inductive reactance |ZL| at undamped resonant frequency and its effect on the resonant frequency
ωr are analyzed, as illustrated in Figure 9c. Because of the increment of undamped resonant frequency,
the ratio of |ZL| to Rc gradually increases with the size scaling down. Although inductive reactance
is enhanced, the ratio of ωr to ω1 rises first, then levels off when α is less than 0.001. We can find the
reason from Equation (22):

ωr

ω1
=

√
1 + κ2

e ·
Z2

L

Z2
L + (R2 + Rc)

2 (22)

When α is less than 0.001, |ZL| is much larger than Rc. Generally, R2 and Rc have the same order
of magnitude. Consequently, this ratio gradually approaches

√
1 + κ2

e, which is not affected by the
size scaling. The normalized load resistance λp keeps constant, while λe increases first, then levels off
when α is less than 0.01.

To compare the output power with different size scale, we investigate the power density (PD)
of the HEH for different scaling factors and excitation frequency ratios Ω. As shown in Figure 9e,
PD is proportional to the scaling factor. Therefore, it is a challenging issue to improve the PD of
MEMS-scale VEH. Figure 9f shows the maximum output power of the HEH (Phmax), stand-alone PEH
(Pspmax) and stand-alone EMEH (Psemax) with matched load resistances and resonant frequency ratios
Ωr for different α. As the induction coil is open-circuit and only R1 is connected, the HEH is changed
into a stand-alone PEH. When R2 is connected to the induction coil and the piezoelectric layers are
directly connected without external load resistance (short-circuit condition), the stand-alone EMEH
is developed. Firstly, there is almost the same trend for the resonant frequencies of the HEH and
stand-alone EMEH, which increase with the size scaling down and then remain stable. The resonant
frequency of the stand-alone PEH is not affected. All maximum output power drops dramatically as
the size decreases. Note that the value of Phmax is greater than that of Pspmax and Psemax for any α,
based on the geometric parameters listed before. It demonstrates again that hybrid energy harvesting
can enhance the output power of the VEH even at the MEMS scale.
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Figure 9. Performance of the HEH for different scaling factor α: (a) effective stiffness and undamped
resonant frequency; (b) coupling factor ratio; (c) ratios of |ZL|/Rc and ωr/ω1; (d) normalized load
resistances; (e) power density; (f) Maximum output power and resonant frequency ratios for HEH,
stand-alone PEH and stand-alone EMEH.

4. Experiment

In order to verify the established theoretical model, an experimental test system was assembled,
as shown in Figure 10. A sinusoidal-wave excitation signal is generated by a signal generator
(DG-1022, Rigol Technologies Inc., Beijing, China), amplified by a power amplifier (YE5874A, Sinocera
Piezotronics Inc., Yangzhou, China) and used to control the vibration of an electromagnetic shaker
(JZK-50, Sinocera Piezotronics Inc., Yangzhou, China). The vibration frequency and acceleration are
acquired by an accelerometer (YD64-310, Qinhuangdao Xinheng Electronic Technology Co., Ltd.,
Qinhuangdao, China) and conditioned by a charge amplifier (CA-3, Qinhuangdao Xinheng Electronic
Technology Co. Ltd., Qinhuangdao, China). The generated voltage and acceleration signal are input
into a computer through the data acquisition module (NI 9229, National Instruments Co., Austin,
TX, USA).
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Figure 10. Experimental setup for the HEH.

Based on the previous analysis, the output power of the HEH is optimal when the load resistances
connected are matched. In order to compare the output power frequency responses of the stand-alone
PEH, stand-alone EMEH and HEH, it is necessary to respectively match the load resistances. Figure 11
shows the output power of the stand-alone PEH for different R1 at the resonant frequency. The base
excitation was harmonic, and acceleration was kept at 2 m/s2. Through the experimental test, the
output power achieved the maximum 0.887 mW when the matched resistance R1 was 52 kΩ. When
R1 was reduced to 1 kΩ, the piezoelectric layers were considered to be short-circuit connected, and
the piezoelectric damping was negligible. Under this condition, the mechanical damping ratio of the
piezoelectric beam was measured to be 0.0295 by using the logarithmic decrement method.

Figure 12 represents the output power of the stand-alone EMEH for different R2 at the resonant
frequency. The output power reaches the peak 0.377 mW when R2 was equal to 480 Ω. The measured
internal resistance of the coil was 338 Ω. Letting R2 = 10 kΩ produced an approximately open-circuit
condition for the coil. The mechanical damping ratio of the magnetic oscillator was measured to be
0.025. Compared with that of the piezoelectric oscillator, the change of mechanical damping ratio is
mainly due to the secondary piezoelectric effect of the piezoelectric material, which induces more
damping to the system.

 
Figure 11. The output power of the stand-alone PEH for different R1 at the resonant frequency.

161



Micromachines 2017, 8, 189

 
Figure 12. The output power of the stand-alone EMEH for different R2 at the resonant frequency.

Figure 13 illustrates the output power of the HEH for different R2 at the resonant frequency, when
the piezoelectric layers were connected with the matched R1. The maximum power 0.913 mW occurs
when R2 = 1850 Ω at the resonant frequency. It can be seen that the matched R2 is different from that
of the stand-alone EMEH. This is because the resonant frequency of the beam increases when matched
R1 is connected to the piezoelectric layers, which results in the change of the matched R2.

 

Figure 13. The output power of the HEH for different R2 at the resonant frequency.

At last, the optimal output power of the stand-alone PEH, stand-alone EMEH and HEH at
different excitation frequencies was tested in turn, as shown in Figure 14. Note that the subscripts
“esp”, “ese” and “eh” represent the experimental results of the stand-alone PEH, stand-alone EMEH,
and HEH, respectively. “asp” and “ase” stand for the analytical results of the stand-alone PEH and
stand-alone EMEH, respectively. “nsp” and “nse” mean the numerical results of the stand-alone
PEH and stand-alone EMEH, respectively. The load resistances corresponding to the optimal output
power were the matched ones. It can be seen that the numerical results nearly coincide with the
analytical results. The experimental results also show good agreement with the theoretical values. It
proves that the theoretical model is valid. The measured peak output power of the HEH (0.913 mW)
is 2.93% and 142.18% higher than that of the stand-alone PEH (0.887 mW) and EMEH (0.377 mW),
respectively. Moreover, the operation frequency bandwidth of the HEH is the widest, which (about
2.7 Hz) increases up to 108%- and 122.7%-times that of stand-alone PEH (about 2.5 Hz) and EMEH
(about 2.2 Hz), respectively. Note that σp and σe of the HEH prototype are 2.03 and 17.44, respectively.
Consequently, the superiority of the hybrid energy harvesting mechanism is in accordance with the
previous theoretical analysis. The measured resonant frequency of the HEH is 31.2 Hz, which is
the same as that of the stand-alone PEH, but higher than that of the stand-alone EMEH (30.6 Hz).
It indicates that coupling electromagnetic energy harvesting has little effect on the system resonant
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frequency. In addition, the tested resonant frequencies are lower than the theoretical values, which is
mainly caused by the softened spring effect of the resonant structure [32].

 

Figure 14. The optimal output power of the stand-alone PEH, stand-alone EMEH and HEH at different
excitation frequencies.

5. Conclusions

In order to evaluate the generating performance of the piezoelectric-electromagnetic hybrid
energy harvester, this paper developed an approximate distributed-parameter theoretical model of
the HEH based on the energy method and Euler–Bernoulli beam theory. The analytical solutions
were compared with the numerical solutions and used to observe the influences of mechanical and
electric parameters on the generating characteristics and dynamic responses of the HEH. A meso-scale
HEH prototype was fabricated and tested. The experimental results verified the theoretical model and
analysis. The following conclusions were obtained:

The difference between numerical and analytical solutions gradually increases with the increment
of excitation acceleration. The load resistance connected to piezoelectric layers has a significant
effect on tuning the resonant frequency of the HEH, while the effect of that connected to the coil
can be neglected. Therefore, the load resistance of the piezoelectric energy harvesting subsystem
should be preferentially determined during the impedance matching of the experiment. The matched
load resistances for the optimal output power and energy conversion efficiency are not consistent.
Extracting electrical energy can suppress the vibration of beam. However, the optimal output power
and energy conversion efficiency do not imply an optimal vibration suppression effect. Regardless of
the piezoelectric coupling strength, coupled electromagnetic and piezoelectric energy harvesting
results in widening operating frequency bandwidth and improving the energy conversion efficiency.
However, the HEH generates more power than the single-mechanism energy harvester only when
the piezoelectric coupling effect is weak or medium. The piezoelectric coupling factor of the HEH
prototype is 2.03, which denotes the medium coupling. Its maximum output power (0.913 mW) with
matched load resistances is 2.93% and 142.18% higher than that of the stand-alone PEH (0.887 mW)
and EMEH (0.377 mW), respectively. The operation frequency bandwidth of the HEH is 108%- and
122.7%-times of that of stand-alone PEH and EMEH, respectively. The superiority of the HEH on the
output power to the stand-alone PEH is also affected by the mechanical damping ratio. The influence
of the inductive coil on the system resonant frequency can be neglected when the frequency of the
vibration source is less than 200 Hz. For the optimal output power, the coil parameters of the HEH
should be optimized according to the electromagnetic coupling factor. When the size is scaled down to
the micro scale, some mechanical and electrical performance is affected. However, it indicates that
hybrid energy harvesting can enhance the output power of the VEH even at the MEMS scale.

The numerical model can be used for the optimization of the HEH to harvest maximum power
from a given excitation source. However, the accuracy of the analytical model can be guaranteed at the
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low-level excitation acceleration. Furthermore, it has a better computational efficiency. The superiority
of the HEH relative to the stand-alone PEH or EMEH depends on mechanical and electric parameters.
In future work, an integrated system including HEH and interface circuit will be designed, analyzed
and optimized.
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