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1. Introduction

When quickly reviewing the developments of new materials design and fabrication,
and engineering and industrial manufacturing, it was found that tribology is a very com-
plicated and highly challenging field that cannot be avoided to improve the manufacturing
cost and increase the material service life.

In recent years, metals manufacturing has been undergoing significant transforma-
tion through optimizations of conventional manufacturing methods and systems (casting,
forging, welding, etc.) and through the promotion of new manufacturing processes and
techniques (advanced rolling, additive manufacturing, nanomanufacturing, etc.), due to the
emergence of new materials, such as high-entropy alloys (HEAs), and the growing require-
ments for manufacturing efficiency and product quality. Simultaneously, tribology, which
plays an important role in metals manufacturing, has attracted increasing attention and
interest in both the industrial and academic communities. Friction, wear and lubrication
between materials or mechanical parts in contacts, and oxidation of engineering materials
at high temperatures, are of fundamental importance. However, their multidisciplinary
natures are usually underlined in previous research. In general, extensive knowledge about
mechanical engineering, manufacturing engineering, contact mechanics, materials science,
chemistry and physics is required. With the development of both experimental techniques
and computer simulation methods, the origin of friction, principles of lubrication, develop-
ment and performance of novel lubricants, mechanisms of wear and oxidation for metallic
materials and composites during manufacturing processes or under service conditions
have become assessable at different length and time scales.

The purpose of this Special Issue is to collect research reports aimed to provide an up-
to-date overview and progress in both experimental studies and theoretical investigations
on several topics in the field of wear and friction as well as high-temperature oxidation of
engineering metallic materials or composites and the development and evaluation of novel
lubricants for advanced metal manufacturing or machining.

2. Contributions

In the present Special Issue in Metals, eleven research papers with high scientific
quality have been published, covering the research topics of experimental characterization
of oxidation performance of tool steel for metal rolling industry, evaluation of friction
and wear properties of various materials, development of novel lubricants and advanced
simulations relevant to the tribological contacts and metal manufacturing.

As one of the most widely applied industrial metal manufacturing techniques to
produce bulk products, the rolling process is generally divided into cold rolling process [1,2]
and hot rolling process [3,4], depending on the rolling temperatures. For the industrial
hot rolling process, high-temperature oxidation of steel work roll and strip and high-
temperature friction and wear contact between steel work roll and strips often cause severe
problems and affect the surface quality of products [5–7]. Therefore, excellent wear and
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oxidation resistances are generally required for work roll materials to extend the industrial
service life of a rolling mill and improve the product surface quality. The article published
by Hao et al. [8] aimed to study the oxidation performance of two popular work roll
materials, namely indefinite chill (IC) and high-speed steel (HSS), considering the practical
environment in the steel hot rolling industry. The authors found that the IC roll material
exhibited lower oxidation kinetics in dry air but faster oxidation kinetics in humid air
than HSS roll material. In addition, they also observed a large difference in the phase
constitutions of the oxidation products between two materials, which resulted in different
surface roughness that was believed to affect the roll/steel tribological contacts and cause
surface defects, such as scratching and sticking.

Wear performance of a material is largely related to the tribological conditions. An
article published by Lee et al. [9] aimed to characterize the friction and wear properties of
AISI304 stainless steel under dry, water-lubricated and oil-lubricated tribological conditions.
They found that both dry and water-lubricated wear conditions fall in the boundary
lubrication regime at a low rotation speed. In contrast, the oil-lubricated wear condition
is considered to be near or in the mixed lubrication regime and leads to the formation
of a large amount of thin and elongated wear debris. In comparison with the wear tests
without lubricant (dry) or with water as a lubricant, the AISI304 stainless steel exhibits a
much lower specific wear rate when oil is used as lubricant. Regardless of the lubricating
conditions, strain-induced martensitic phase transformation has been found in all stainless
steel samples. The wear performance of a material can also be affected by its microstructure.
Zhang and co-authors [10] studied the influence of aging treatment on the corrosion and
wear resistances of a Ni-Cr-Mo-based C276 superalloy. It was found that the presence of
precipitates at grain boundaries due to aging resulted in increases in the friction coefficient,
the fluctuations in the friction coefficient during steady-state sliding wear process and
also the wear track dimensions. The sensitization degree is also increased with the aging
treatment time and severe corrosion occurs.

In order to meet the demands of quick industrial development, the design and fabrica-
tion of novel materials with high wear resistance are always required. The study reported
by Liu et al. [11] is about mechanical and tribological characterizations of a CoCrFeNiMo
high-entropy alloy (HEA), which is a new material concept, different from the conventional
alloys, and often has five or more principal elements [12–15]. The authors revealed a large
influence of Mo content in the HEA on its wear properties, microstructural features and
mechanical loading responses. Both the hardness and abrasion wear resistance of the
CoCrFeNiMo HEA were found to be improved when its Mo molar ratio was increased,
owing to the solid solution strengthening and precipitation strengthening. The main wear
mechanism is severe micro-cutting and delamination when the Mo molar ratio is lower
than 1 and changes into severe micro-cutting and micro-fatigue when the Mo molar ratio is
increased to 1.5. Li et al. [16] fabricated a Ni-Co-P/Si3N4 composite coating with excellent
wear properties using Al-Si as a substrate via a pulse-current electroplating process. The
electroplated Ni-Co-P/Si3N4 coating showed minimum abrasion wear, while the Al-Si
substrate showed severe adhesion and abrasion wear in both dry and lubricated conditions.
Additionally, it was also noted that the Ni-Co-P/Si3N4 composite coating possessed a
hardness of about three-times the Al-Si substrate.

Dong et al. [17] carried out a wear test of steel/titanium under water-lubricated
conditions, using black phosphorus (BP) nanosheets as novel lubrication additives. They
systematically investigated the influence of BP nanosheet size on the friction and wear
responses of a Ti6Al4V alloy during wear contact with GCr15 steel, by adding large BP
nanosheet (2–4 µm), medium BP nanosheet (0.3–0.5 µm) and BP quantum dots (6–10 nm),
respectively, in the ultrapure water. It was found that all three kinds of BP nanosheets
resulted in great reductions in the friction coefficient and specific wear rate compared to
pure water, and BP quantum dots were the best lubrication additives. According to their
interpretations, the main lubrication mechanisms are ascribed to the BP adsorption film and
the tribo-chemical reaction film, which prevent direct contact between titanium alloy and
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steel counterpart and effectively improve both the anti-friction and anti-wear. An article
reported by Benedicto et al. [18] aimed to develop novel sustainable and environmentally
friendly alternatives to mineral oil water-based cutting fluids to lubricate and cool during
the machining of titanium alloys. They added polyol esters in oil-in-water emulsions
and studied the effect of esters’ molecular structure as well as the interaction with the
metal surface on the formation of lubricant film. Their results revealed an improvement in
lubricity by 17% and reduction in tool wear rate by 37%; thus, the newly proposed cutting
fluid can be very useful for difficult-to-machine materials to improve the tribological
performance and prolong the tool life.

Trzepiecinski et al. [19] focused on the sheet manufacturing of a Ti6Al4V alloy, in
terms of a single-point incremental forming (SPIF) experiment and using a grease-free dry
anti-friction spray of MoS2 as the lubricant. They determined the optimal input processing
parameters during warm SPIF of a Ti6Al4V sheet with an initial thickness of 0.8 mm based
on a split-plot I-optimal design to ensure the maximum formable wall angle. It was found
that the tool rotational speed and step size had much more influence on the axial force than
the feed rate, while the step size had the most influence on the in-plane SPIF force.

In addition to the experimental techniques, advanced simulation methods, including
finite element modeling (FEM) [20,21], molecular dynamic (MD) simulation [22,23] and
atomistic-continuum coupled multiscale simulation [24,25], also play very critical roles
in the research fields of tribology-related metal manufacturing and friction and wear
mechanisms of materials. There are research papers in this Special Issue relevant to these
advanced simulation techniques. The first study was reported by Tao et al. [26], which was
about a numerical simulation and finite element analysis of shape control characteristics
of non-oriented silicon steel for a certain UCMW (universal crown mill with work roll
shifting) cold rolling mill. According to their statements, the friction condition between
the roll and strip deteriorates due to very large rolling force and the negative shift in work
roll shows significant control on the roll gap crown and edge drop. The second study was
reported by Zheng et al. [27], which was to investigate the lubrication characteristics of
C4-alkance with the addition of iron nanoparticles in the boundary friction system based
on a nonequilibrium MD model. A change from sliding friction to rolling friction was
found because of the presence of nanoparticles, which acted like ball bearings between two
contact surfaces. In addition, their MD simulations also revealed a transition from partial
lubrication to full lubrication when the number of C4-alkane molecules was increased. The
findings are beneficial to the understanding of the friction phenomenon of a simple lubricant
containing nanoparticles within a small confinement. The third study was reported by
Zhang et al. [28], which proposed a concurrent multiscale simulation strategy based on the
coupling of continuum and atomistic models to study the influence of lubricating conditions
(amount of lubricants, contact surface roughness and load) on the three-dimensional contact
responses of Al single crystals. In comparison with the pure FEM (not able to capture
the accurate information at the atomic scale due to incorrect constitutive law) and MD
(very time consuming and having both spatial and temporal limitations) simulations, their
multiscale model was validated as very effective in the three-dimensional rough contacts
in both dry and lubricated conditions, with significantly reduced computational cost and
without sacrificing too much accuracy. When load was increased, the contact area was
found to decrease, regardless of lubrication or not. Contribution to load bearing from the
lubricant molecules was confirmed by the pressure distribution changes for different loads.

3. Conclusions and Outlook

Research papers published in the “Advances in Friction, Lubrication, Wear and Ox-
idation in Metals Manufacturing” Special Issue contributed to the update of the state of
the art concerning studies on friction, wear and oxidation properties of materials, develop-
ment and performance of novel lubricants and advanced simulation strategies for friction
contacts. The quality and variety of the collected articles are addressed to both academic
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and industrial researchers who are looking for new information that can contribute to the
advancement of future research in these highly challenging research fields.

Funding: This research did not receive any external funding.

Acknowledgments: As Guest Editors, we are very happy to report the success of this Special Issue
and sincerely grateful to all authors and reviewers for their significant efforts in providing high-
quality publications. Sincere gratitude also goes to editors and editorial assistants of Metals for their
continuous and strong support. In particular, we would like to warmly acknowledge Sunny He for
his valuable assistance during the preparation of this volume.

Conflicts of Interest: The authors declare no conflict of interest.

References
1. Su, L.H.; Lu, C.; Deng, G.; Tieu, A.K.; Li, J.T.; Zhu, H.T.; Li, H.J.; Sun, X.D. Investigation of deformation behavior during cold

rolling cladding process of four-layer composite aluminium alloys. Adv. Mater. Res. 2013, 651, 424–429. [CrossRef]
2. Deng, G.Y.; Tieu, A.K.; Si, L.Y.; Su, L.H.; Lu, C.; Wang, H.; Liu, M.; Zhu, H.T.; Liu, X.H. Influence of cold rolling on the deformation

behavior and crystallographic orientation development. Comput. Mater. Sci. 2014, 81, 2–9. [CrossRef]
3. Deng, G.; Zhu, Q.; Tieu, K.; Zhu, H.T.; Reid, M.; Saleh, A.A.; Su, L.H.; Ta, T.D.; Zhang, J.; Lu, C.; et al. Evolution of microstructure,

temperature and stress in a high speed steel work roll during hot rolling: Experiment and modelling. J. Mater. Process. Technol.
2017, 240, 200–208. [CrossRef]

4. Deng, G.; Tieu, A.K.; Su, L.H.; Zhu, H.T.; Zhu, Q.; Zamri, W.F.H.; Kong, C. Characterizing deformation behavior of an oxidized
high speed steel: Effects of nanoindentation depth, friction and oxide scale porosity. Int. J. Mech. Sci. 2019, 155, 267–285.
[CrossRef]

5. Hao, L.; Jiang, Z.Y.; Cheng, X.; Zhao, J.; Wei, D.; Jiang, L.; Luo, S.; Luo, M.; Ma, L. Effect of Extreme Pressure Additives on the
Deformation Behavior of Oxide Scale during the Hot Rolling of Ferritic Stainless Steel Strips. Tribol. Trans. 2015, 58, 947–954.
[CrossRef]

6. Deng, G.; Zhu, H.T.; Tieu, A.K.; Su, L.H.; Reid, M.; Zhang, L.; Wei, P.T.; Zhao, X.; Wang, H.; Zhang, J.; et al. Theoretical and
experimental investigation of thermal and oxidation behaviours of a high speed steel work roll during hot rolling. Int. J. Mech.
Sci. 2017, 131–132, 811–826. [CrossRef]

7. Deng, G.; Tieu, A.K.; Su, L.H.; Zhu, H.T.; Reid, M.; Zhu, Q.; Kong, C. Microstructural study and residual stress measurement of a
hot rolling work roll material during isothermal oxidation. Int. J. Adv. Manuf. Technol. 2019, 102, 2107–2118. [CrossRef]

8. Hao, L.; Li, T.; Xie, Z.; Duan, Q.; Zhang, G. The Oxidation Behaviors of Indefinite Chill Roll and High Speed Steel Materials.
Metals 2020, 10, 1095. [CrossRef]

9. Lee, Y.S.; Yamagishi, S.; Tsuro, M.; Ji, C.; Cho, S.; Kim, Y.; Choi, M. Wear Behaviors of Stainless Steel and Lubrication Effect on
Transitions in Lubrication Regimes in Sliding Contact. Metals 2021, 11, 1854. [CrossRef]

10. Zhang, P.; Zhang, C.; Zhou, X.; Huang, Z. Reductions of Intergranular Corrosion Resistance and Wear Resistance in a Ni-Cr-Mo-
Based Superalloy by Aging-Treatment-Induced Precipitation. Metals 2021, 11, 1329. [CrossRef]

11. Liu, Y.; Xie, Y.; Cui, S.; Yi, Y.; Xing, X.; Wang, X.; Li, W. Effect of Mo Element on the Mechanical Properties and Tribological
Responses of CoCrFeNiMox High-Entropy Alloys. Metals 2021, 11, 486. [CrossRef]

12. Yeh, J.W.; Chen, S.K.; Lin, S.J.; Gan, J.Y.; Chin, T.S.; Shun, T.T.; Tsau, C.H.; Chang, S.Y. Nanostructured High-Entropy Alloys with
Multiple Principal Elements: Novel Alloy Design Concepts and Outcomes. Adv. Eng. Mater. 2004, 6, 299–303. [CrossRef]

13. Cantor, B.; Chang, I.T.H.; Knight, P.; Vincent, A.J.B. Microstructural development in equiatomic multicomponent alloys. Mater.
Sci. Eng. A 2004, 375–377, 213–218. [CrossRef]

14. Deng, G.; Tieu, A.K.; Lan, X.; Su, L.; Wang, L.; Zhu, Q.; Zhu, H. Effects of normal load and velocity on the dry sliding tribological
behavior of CoCrFeNiMo0.2 high entropy alloy. Tribol. Int. 2020, 144, 106116. [CrossRef]

15. Deng, G.; Tieu, A.K.; Su, L.; Wang, P.; Wang, L.; Lan, X.; Cui, S.; Zhu, H. Investigation into reciprocating dry sliding friction
and wear properties of bulk CoCrFeNiMo high entropy alloys fabricated by spark plasma sintering and subsequent cold rolling
processes: Role of Mo element concentration. Wear 2020, 460–461, 203440. [CrossRef]

16. Li, Z.; Ma, F.; Li, D.; Wan, S.; Yi, G.; Geng, G.; Guo, L. Enhanced Mechanical and Tribological Capabilities of a Silicon Aluminum
Alloy with an Electroplated Ni-Co-P/Si3N4 Composite Coating. Metals 2022, 12, 120. [CrossRef]

17. Dong, S.; Wang, W.; Gao, Y.; Deng, G. Tribological Properties of Different-Sized Black Phosphorus Nanosheets as Water-Based
Lubrication Additives for Steel/Titanium Alloy Wear Contact. Metals 2022, 12, 288. [CrossRef]

18. Benedicto, E.; Rubio, E.M.; Aubouy, L.; Saenz-Nuno, M.A. Formulation of Sustainable Water-Based Cutting Fluids with Polyol
Esters for Machining Titanium Alloys. Metals 2021, 11, 773. [CrossRef]

19. Trzepiecinski, T.; Szpunar, M.; Ostrowski, R. Split-Plot I-Optimal Design Optimisation of Combined Oil-Based and Friction Stir
Rotation-Assisted Heating in SPIF of Ti-6Al-4V Titanium Alloy Sheet under Variable Oil Pressure. Metals 2022, 12, 113. [CrossRef]

20. Deng, G.Y.; Lu, C.; Tieu, A.K.; Su, L.H.; Huynh, N.N.; Liu, X.H. Crystal plasticity investigation of friction effect on texture
evolution of Al single crystal during ECAP. J. Mater. Sci. 2010, 45, 4711–4717. [CrossRef]

4



Metals 2023, 13, 505

21. Liu, M.; Tieu, A.K.; Lu, C.; Zhu, H.; Deng, G. A crystal plasticity study of the effect of friction on the evolution of texture and
mechanical behavior in the nano-indentation of an aluminum single crystal. Comput. Mater. Sci. 2014, 81, 30–38. [CrossRef]

22. Lu, C.; Gao, Y.; Michal, G.; Deng, G.; Huynh, N.N.; Zhu, H.; Liu, X.; Tieu, A.K. Experiment and molecular dynamics simulation of
nanoindentation of body centered cubic iron. J. Nanosci. Nanotechnol. 2009, 9, 7307–7313. [CrossRef] [PubMed]

23. Lu, C.; Gao, Y.; Deng, G.Y.; Michal, G.; Huynh, N.N.; Liu, X.; Tieu, A.K. Atomic-scale anisotropy of nanoscratch behavior of single
crystal iron. Wear 2009, 267, 1961–1966. [CrossRef]

24. Tao, H.; Li, H.; Shao, J.; Zhang, J.; Liu, Y.; You, X. Research on Shape Control Characteristics of Non-oriented Silicon Steel for
UCMW Cold Rolling Mill. Metals 2020, 10, 1066. [CrossRef]

25. Zhang, J.; Tieu, K.; Michal, G.; Zhu, H.T.; Zhang, L.; Deng, G.; Wang, H. A damping boundary condition for atomistic-continuum
coupling. Chin. Phys. B 2017, 26, 068702. [CrossRef]

26. Zhang, J.; Zhang, L.; Tieu, A.K.; Michal, G.; Zhu, H.T.; Deng, G. Finite temperature multiscale simulations for 3D nanoscale
contacts. Appl. Mech. Mater. 2016, 846, 288–293. [CrossRef]

27. Zheng, X.; Su, L.; Deng, G.; Zhang, J.; Zhu, H.; Tieu, A.K. Study on Lubrication Characteristics of C4-Alkane and Nanoparticle
during Boundary Friction by Molecular Dynamics Simulation. Metals 2021, 11, 1464. [CrossRef]

28. Zhang, J.; Su, L.; Wang, Z. Concurrent Multiscale Simulations of Rough Lubricated Contact of Aluminum Single Crystal. Metals
2020, 10, 965. [CrossRef]

Disclaimer/Publisher’s Note: The statements, opinions and data contained in all publications are solely those of the individual
author(s) and contributor(s) and not of MDPI and/or the editor(s). MDPI and/or the editor(s) disclaim responsibility for any injury to
people or property resulting from any ideas, methods, instructions or products referred to in the content.

5





metals

Article

The Oxidation Behaviors of Indefinite Chill Roll and
High Speed Steel Materials

Liang Hao, Tuanjie Li *, Zhongliang Xie, Qingjuan Duan and Guoyuan Zhang

School of Mechano-electronic Engineering, Xidian University, Xi’an 710071, China;
haoliang@xidian.edu.cn (L.H.); zlxie@xidian.edu.cn (Z.X.); qjduan@126.com (Q.D.);
gyzhang@xidian.edu.cn (G.Z.)
* Correspondence: tjli@mail.xidian.edu.cn; Tel.: +86-931-2976-688; Fax: +86-931-2976-578

Received: 27 July 2020; Accepted: 11 August 2020; Published: 13 August 2020

Abstract: Indefinite chill (IC) roll and high speed steel (HSS) materials have been widely employed
to manufacture work rolls as latter and former stands in hot rolling mills. The oxidation of work rolls
is of importance for the surface quality of the rolled workpieces. The isothermal oxidation of the IC
and HSS materials was conducted at 650 ◦C and 700 ◦C in both dry air and humid air. The isothermal
oxidation curves indicate that HSS shows faster kinetics than the IC materials in dry air, whereas the
opposite occurred in humid air. The oxide scales of the IC materials after the oxidation in both dry
air and humid air are made up of two oxide phases. Two oxide phases were found when the HSS
oxidized in the dry air and three oxide phases were found when oxidized in the humid air.

Keywords: indefinite chill roll; high speed steel; oxidation behavior; thermogravimetric
analyzer (TGA)

1. Introduction

Hot rolling is one of the primary manufacturing processes in the steel industry, which is highly
dependent on the property of work rolls. In the beginning, low-carbon and adamite rolls were applied
as standard work rolls. However, the absence of carbides in low-carbon rolls led to a low wear
resistance and a frequent replacement of rolls. As for the adamite rolls, a rapid heat crack formation and
propagation takes place and requires an immediate roll change and redressing [1–3]. The introduction
of high chromium (Hi-Cr) steel, high speed steel (HSS) and indefinite chill (IC) materials has made
tremendous improvements in roll performance and campaign length. Hi-Cr rolls with 18% Cr are
oxidation-resistant and result in the attachment of rolled materials onto work rolls. Adjustments were
made to reduce Cr to less than 7% and add Mo, V, W and C to develop HSS [4–7]. They present
high wear resistance and strength but are still difficult to oxidize. Further modifications were made
to develop IC roll materials, including a considerable amount of graphite, showing a good thermal
and oxidation behavior [8–10]. In addition, the graphite in the IC rolls can retard crack propagation
and overcome sticking, since it lubricates the contact between the roll and the rolled strips [11–13].
Nevertheless, the hardness of IC rolls is less than that of HSS, so the wear loss for IC rolls is more rapid.
Global experience recommends using HSS rolls primarily in former stands, such as F1–F3, and to use
IC rolls in later stands in the hot strip mills [14]. Because of the multiphased microstructures in the
HSS rolls, there is no clear consensus regarding the oxidation behavior of each phase at the rolling
temperatures [15–17]. For instance, Kim et al. [18] proposed that carbides as well as the martensitic
matrix be oxidized in a dry atmosphere, and only use a matrix oxidized in a wet atmosphere. Molinari
et al. [19] suggested that the oxidation nucleates at the matrix–carbide interfaces and propagates
in the matrix without involving the carbides, because of the high oxidation resistance of carbides.
Later, they [5] added that some of the carbides do oxidize but show a different oxidation behavior
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from the matrix. Particularly, M7C3 (Cr-rich) carbides do not oxidize at the rolling temperatures, MC
(V-rich) carbides display a faster oxidation and M2C (Mo-rich) carbides show an intermediate behavior.
Zhou et al. [20] found that only the matrix and the MC carbides oxidized but the M7C3 carbides hardly
oxidized, and the effect of water vapor temperature on the morphology is negligible at each oxidation
temperature [21]. Garza et al. [22] thought that M6C (Mo-rich) and M7C3 do not oxidize in humid
atmospheres but MC carbides show a significant oxidation in a dry atmosphere.

During the hot rolling, the heat conduction from hot strips, deformation heat, and friction heat
can result in a 700 ◦C surface temperature of work rolls in a very short contact time (10−2–10−3),
which can then be cooled to room temperature by spraying water in the rest rime of each cycle
(2–10−1) [23]. The accumulated time of work rolls in high temperature is less than 30 min in periods
of roll replacement. Furthermore, the oxide scales formed on the roll surface peels off due to friction
and thermal fatigue [24–29]. The purpose of this paper is to investigate and compare the oxidation
behavior of the IC and the HSS roll materials by a combined study of the oxidation kinetics, surface
morphology and cross sections of the oxide scales formed in both dry and humid atmospheres.

2. Experimental

The IC roll and HSS materials were cut from the shell part of work rolls, and their chemical
compositions are listed in Table 1. Samples were machined to the dimensions of 15 × 10 × 1 mm3

with a 0.5 mm side length square hole near the top edge of the sample. Two broad surfaces were
polished up to a 1 um diamond suspension and the rest surfaces were ground with 1200 grit sand
paper. Then, the samples were ultrasonically cleaned in acetone and rinsed with alcohol.

Table 1. Chemical compositions of the indefinite chill (IC) and high speed steel (HSS) materials (wt.%).

Material Fe C Ni Cr V Mo Si Mn

IC Balance 3.35 4.54 1.85 - 0.49 0.77 0.89
HSS Balance 2.1 - 4.5 4.4 4.9 0.62 0.55

The isothermal oxidation was carried out on a SETSYS Evolution S60/58507(SETARAM Inc.,
Marseille, France), which is equipped with a vertical hang-down SETSYS balance. The oxidation tests
were conducted under two atmospheres, 20% water vapor and dry air. The isothermal oxidation
was chosen at 650 and 700 ◦C for 30 min, respectively [30]. The experimental details are given as
follows: (a) the sample was suspended in the furnace chamber, and then the furnace chamber was
vacuumed and flushed with Ar until the pressure reached 1 atm; (b) the sample was heated to the testing
temperatures at a rate of 25 ◦C/min and held for 5 min once the testing temperature was reached; (c) the
oxidizing gas was introduced and the isothermal oxidation processed for 30min; (d) the isothermal
oxidation was terminated by replacing the oxidation gas with Ar to prevent further oxidation and the
sample was cooled to room temperature at a rate of 30 ◦C/min. The mass variations were recorded in
this process. The air containing 20% water vapor was obtained by setting the temperature of the water
tank at 60 ◦C [31].

The microstructure analysis was employed on a JSM scanning electron microscope (SEM) equipped
with an energy dispersive spectrometer (EDS) (JEOL Ltd., Tokyo, Japan). The morphology and phases
of the oxide scales were studied both on the exposure surfaces and the cross sections. In addition,
the oxidation kinetics curves were obtained by plotting the mass gain change per surface against the
oxidation time.

3. Results

3.1. Microstructure of IC Roll and HSS Materials

Figure 1 shows the backscattered electron (BSE) images of the polished IC and HSS materials
prior to the tests, respectively. Three different phases can be identified in the IC material (Figure 1a),
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and they are graphite, (Fe, Cr)3C (cementite), and martensite, respectively [32]. The HSS (Figure 1b)
presents different microstructure characteristics. Three different carbides can be clearly distinguished
by their contrasts, morphologies and EDS analysis. The dark areas are V-rich MC carbides, the grey
regions are Cr-Fe-rich M7C3 carbides, and the white long zones are Mo-rich M6C carbides [7,22,33].
These microstructure characteristics enable the IC and HSS materials to present special performances.
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Figure 1. (a) Backscattered electron (BSE) images of the polished indefinite chill (IC) and (b) high speed
steel (HSS) materials prior to the tests.

3.2. Oxidation Kinetics

The isothermal oxidation curves of the IC and HSS materials in both dry and humid air are shown
in Figure 2. It is evident that both the temperature and oxidizing atmospheres obviously influence
the mass gain of the materials. In dry air (Figure 2a), the mass gain of the HSS is greater than that of
the IC rolls at corresponding temperatures, and reveals a parabolic law, while the mass gain of the IC
rolls approximately demonstrates a linear law. In addition, the presence of water vapor (Figure 2b)
accelerates the mass gain of the IC rolls more than that of the HSS, whereas the oxidation kinetics are
little changed by the water vapor.
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Figure 2. Isothermal oxidation curves of the IC and HSS materials in both (a) dry and (b) humid air.

3.3. Surface Morphologies

3.3.1. Oxidized in the Dry Air

Figure 3 shows the SEM images of the IC roll surface morphologies oxidized in the dry air at 650 ◦C
and 700 ◦C. At 650 ◦C (Figure 3a), the martensite seems to oxidize faster than that of the cementite,
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and the oxide scales on the martensite protruded out, since the cementite contains higher Cr content
and is more oxidation-resistant than the martensite. The extension of the oxide scales nearly covers the
graphite areas. When the oxidation processed at 700 ◦C (Figure 3b), the oxide scales approximately
covered the entire surface and obscured the initial boundaries between the cementite and martensite.
The cracks were observed in some zones (circled area).
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Figure 3. SEM images of the IC roll surface morphologies oxidized in dry air at (a) 650 ◦C and
(b) 700 ◦C.

Similar phenomena were observed for the HSS oxidized at 650 ◦C and 700 ◦C in the dry air.
SEM X-ray maps of the HSS oxidized at 700 ◦C in the dry air are presented in Figure 4, from which
it can be seen that the areas of low O Ka intensity correspond to the areas of the carbides while the
areas with a high O Ka intensity are of the matrix. The oxidation of MC carbides extends laterally,
whereas the M7C3 carbides are still not totally covered by the oxides. Therefore, the matrix oxidized
more readily than that of the carbides, and the M7C3 carbides are more resistant to oxidization than
MC carbides.
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3.3.2. Oxidized in the Humid Air

Figure 5 shows SEM images of the IC roll surface morphologies oxidized in the humid air at
650 ◦C and 700 ◦C in the humid air. The IC samples’ surfaces were more rough when they oxidized
in the humid air than when they oxidized in the dry air. The water vapor accelerates the oxidation
for both the cementite and martensite. In addition, the oxide scales formed in the humid air adhered
firmly to the matrix without the presence of cracks in the oxide scales. The graphite was nearly covered
by the extension of the oxide scales nearby.
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Figure 5. SEM images of the IC surface morphologies oxidized in humid air at (a) 650 ◦C and (b) 700 ◦C.

The HSS samples oxidized faster at 650 ◦C and 700 ◦C in the humid air. SEM X-ray maps of
the HSS oxidized at 700 ◦C in the humid air are presented in Figure 6. The similar phenomena were
observed as its counterpart in the dry air: the areas with low O Ka intensities correspond to the areas
of the carbides, while the areas with high O Ka intensities are of the matrix; MC carbides are oxidized
to extend the areas nearby while M7C3 carbides are still not entirely covered by the oxide scales.
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4. Cross Section Examination

The isothermal oxidation curves (Figure 2) demonstrate that the HSS oxidized faster than the IC
in the dry air, whereas the IC rolls showed higher kinetics than their HSS counterparts in the humid air.
In addition, the oxidation kinetics of the IC and HSS reveal a linear law and parabolic law, respectively.

Figure 7 shows SEM images of the IC cross section of the matrix regions and the graphite areas
oxidized at 700 ◦C in both dry and humid air. As the IC rolls oxidized in the dry air (Figure 7a,b),
two relatively thin oxide scales can be observed, namely a thin Cr-rich (FeCr)3O4 layer next to
the substrate, and an outer layer of hematite (Fe2O3) [31]. The oxidation of graphite is known as
decarburization and left an amount of cavities, which were filled by the extension of the oxide scales.
When the IC rolls oxidized in the humid air, the thickness of the oxide scales were increased from
2.26 um in the dry air to about 22.88 um in the humid air. SEM X-ray maps of the IC rolls oxidized at
700 ◦C in the humid air (Figure 8) reveal that both Si and Ni are present only in the substrate below the
inner oxide scales, while the Cr intensifies in the inner oxide.
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Figure 9 shows the cross sections and corresponding EDS line scanning analysis of the HSS
oxidized at 650 ◦C in both dry air and humid air. The thickness of the oxide scales was insignificantly
increased from 2.54 um in the dry air to 4.56 um in the humid air, which was far less obvious than the
thickness increase in the IC roll oxide scales. Two oxide phases can be observed from the EDS line
scanning analysis (Figure 9a)—a thin Cr-rich (Fe,Cr)3O4 next to the substrate and a thick oxide layer of
Fe2O3 at the scale–gas interface, while three oxide phases, Cr-rich (Fe,Cr)3O4, magnetite and hematite,
can be identified from Figure 9b. Garza et al. [22,34,35] also reported the two oxide phases formed on
the HSS oxidized in the dry air, and three oxide phases in the humid air. In addition, the oxide scales
tightly adhere to the matrix and no voids are found at the matrix interface.

12



Metals 2020, 10, 1095

Metals 2020, 10, x FOR PEER REVIEW 7 of 11 

 

 
Figure 8. SEM X-ray maps of the IC oxidized at 700 °C in humid air. 

Figure 9 shows the cross sections and corresponding EDS line scanning analysis of the HSS 
oxidized at 650 °C in both dry air and humid air. The thickness of the oxide scales was insignificantly 
increased from 2.54 um in the dry air to 4.56 um in the humid air, which was far less obvious than 
the thickness increase in the IC roll oxide scales. Two oxide phases can be observed from the EDS 
line scanning analysis (Figure 9a)—a thin Cr-rich (Fe,Cr)3O4 next to the substrate and a thick oxide 
layer of Fe2O3 at the scale–gas interface, while three oxide phases, Cr-rich (Fe,Cr)3O4, magnetite and 
hematite, can be identified from Figure 9b. Garza et al. [22,34,35] also reported the two oxide phases 
formed on the HSS oxidized in the dry air, and three oxide phases in the humid air. In addition, the 
oxide scales tightly adhere to the matrix and no voids are found at the matrix interface. 

The V-rich MC carbides account for the largest fraction of all carbides and a faster oxidation 
was observed. Figure 10 presents SEM X-ray maps of the cross section for the MC oxidized at 700 °C 
in the humid air. It is evident that the vanadium oxides extend laterally, which is also confirmed by 
their surface morphologies in Figures 4 and 6. The possible oxidation process of vanadium-rich 
carbides is expressed as follows: 

VC(s) + O2(g) = VO(s) + CO(g) (1) 

2VC(s) + 3.5O2(g) = V2O5(s) + 2CO(g) (2) 

Some researchers [36,37] proposed that the Gibbs free energy involved in the oxidation of 
vanadium carbide shows that the formation of V2O5 (∆G = −1357 kJ mol−1, 650 °C) is more favored 
than that of VO (∆G=−457 kJ mol−1, 650 °C). Therefore, their conclusion was that the oxidation 
product of vanadium carbide is V2O5. However, the values of ∆G are expressed as kJ mol−1 O2 so that 
the stabilities of various oxides may be compared directly [38]. In this case, our study indicates that 
the formation of VO (∆G = −443 kJ mol−1 O2, 700 °C) is more preferential than that of V2O5 (∆G = −383 
kJ mol−1 O2, 700 °C). 

Fe O

Cr Si Ni

Figure 8. SEM X-ray maps of the IC oxidized at 700 ◦C in humid air.Metals 2020, 10, x FOR PEER REVIEW 8 of 11 

 

 
Figure 9. Cross sections and corresponding energy dispersive spectrometer (EDS) line scanning 
analysis of the HSS oxidized at 650 °C in (a) dry air and (b) humid air. 

 
Figure 10. SEM X-ray maps of the cross section for the MC oxidized at 700 °C in humid air. 

  

Substrate

Oxide scale

Resin
EDS line scan

-2 0 2 4 6 8 10 12 14
0

400

800

1200

1600

2000

2400

 

 

R
el

at
iv

e 
in

te
ns

ity

Distance (µm)

Fe

O

Cr

(b)(a)

Substrate Resin

Oxide scale

EDS line scan

0 2 4 6 8 10

0

2000

4000

6000

8000

 

 

R
el

at
iv

e 
in

te
ns

ity

Distance (µm)

Fe

O

Cr

Cr

Fe

Mo

O

V

Figure 9. Cross sections and corresponding energy dispersive spectrometer (EDS) line scanning analysis
of the HSS oxidized at 650 ◦C in (a) dry air and (b) humid air.
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The V-rich MC carbides account for the largest fraction of all carbides and a faster oxidation was
observed. Figure 10 presents SEM X-ray maps of the cross section for the MC oxidized at 700 ◦C in the
humid air. It is evident that the vanadium oxides extend laterally, which is also confirmed by their
surface morphologies in Figures 4 and 6. The possible oxidation process of vanadium-rich carbides is
expressed as follows:

VC(s) + O2(g) = VO(s) + CO(g) (1)

2VC(s) + 3.5O2(g) = V2O5(s) + 2CO(g) (2)
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Some researchers [36,37] proposed that the Gibbs free energy involved in the oxidation of
vanadium carbide shows that the formation of V2O5 (∆G = −1357 kJ mol−1, 650 ◦C) is more favored
than that of VO (∆G = −457 kJ mol−1, 650 ◦C). Therefore, their conclusion was that the oxidation
product of vanadium carbide is V2O5. However, the values of ∆G are expressed as kJ mol−1 O2 so
that the stabilities of various oxides may be compared directly [38]. In this case, our study indicates
that the formation of VO (∆G = −443 kJ mol−1 O2, 700 ◦C) is more preferential than that of V2O5

(∆G = −383 kJ mol−1 O2, 700 ◦C).

5. Conclusions

This isothermal oxidation investigation of the IC and HSS materials has been carried out on a
thermogravimetric analyzer (TGA) at 650 ◦C and 700 ◦C for 30 min in both dry air and humid air.
The following conclusions can be obtained:

1. The HSS exhibits faster oxidation kinetics than the IC in the dry air, whereas the IC rolls oxidized
more easily than their HSS counterparts in the humid air. The oxidation kinetics of the IC and HSS
materials reveal a linear law and parabolic law, respectively. The oxidation of the HSS suggests
that the diffusion of metal cations or oxygen anions is the rate controlling step.

2. The oxide scales of the IC after the oxidation in the dry air and humid air are comprised of two
oxide phases: an inner thin Cr-rich (Fe, Cr)3O4 adjacent to the matrix and an outer Fe2O3 at the
oxide–gas interface. The oxidation of graphite was faster in the humid air than in the dry air,
and denuded cavities were nearly filled by the extension of the oxide scales.
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3. Two oxide phases, (Fe, Cr)3O4, next to the matrix and an outer layer of hematite, were found when
the HSS oxidized in the dry air, while three oxide phases, (Fe, Cr)3O4, magnetite and hematite,
were identified in the humid air. The oxidation of V-rich MC carbides was observed in all tested
cased. The Gibbs free energy for the oxidation of vanadium carbides indicates that the formation
of VO is more preferential than V2O5.
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Abstract: The wear behavior of AISI304 stainless steel was investigated under dry, water-, and
oil-lubricated conditions. A block-on-disk wear test was conducted in this work, since the test
conditions could be controlled easily. For oil-lubricated contact, a significant amount of thin and
elongated cutting chip-like debris was observed. This is attributed to the high lubricating effect of oil.
Strain-induced martensitic (SIM) transformation was observed for all AISI304 blocks after the wear
test, while AISI304 consisted of a single γ-austenite phase prior to the wear test. The Stribeck curve
and the corresponding lubrication regimes were also considered to explain the wear behaviors and
lubrication effect of AISI304. In comparison to the dry or water-lubricated conditions, which fall in
the boundary lubrication regime at a low rotation speed, it is considered that the high viscosity of the
oil-based lubricant causes the lubrication condition to enter the mixed lubrication regime early at a
lower speed, thus reducing the specific wear rate over the 100–300 rpm range.

Keywords: AISI304; martensitic transformation; austenite; lubricant; wear; friction; hydrodynamic lubrication

1. Introduction

Austenitic stainless steels are widely used in industrial fields owing to their superior
ductility, high heat resistance, high corrosion resistance, and non-magnetic properties;
however, they exhibit weak friction and wear properties [1,2]. When austenitic stainless
steels come in contact with other steel-based materials with high metallurgical compatibility,
severe wear may occur during the manufacturing processes such as sliding, drilling, and
cutting, which, in turn, decrease the metal surface quality [3]; this is because metals
with high metallurgical compatibility are highly soluble in their counterpart atom lattices.
Therefore, these frictionally incompatible metals cause severe adhesive wear [4]. Several
methods have been proposed to enhance the mechanical processability and operating
efficiency, such as using lubricants to reduce the wear between contact surfaces under
mechanical stress. Therefore, most mechanical machining processes of stainless steel are
performed using water-based fluid or mineral oil [5].

In this study, a block-on-disk wear test was conducted owing to its relatively simple
operation. In addition, compared to an actual machining test, the test conditions could be
controlled easily [6]. Herein, AISI304, which is a widely used austenitic stainless steel, was
used for the wear test under water- and oil-based lubricant contact conditions. Mineral
oil, which is an oil-based lubricant that is extracted from petroleum, is commonly used
in industrial fields. It contains chemicals such as paraffin and naphthene [7]. Although
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mineral oil lubricants are widely used in various industries, water-based lubricants are
also attracting increasing attention [8].

In severe wear, the evolution of subsurface layer is observed along with that of the
contact surface, thereby altering the mechanical properties of AISI304. Thus, studying the
changes in the metallurgical microstructure is crucial for the applications of stainless steel.
In these subsurface layers, strain-induced martensitic (SIM) transformations occur due to
frictional stress, causing changes from γ-fcc to ε-hcp and α’-bcc phases [3,9,10]. Although a
martensitic structure may increase the surface hardness, it decreases the corrosion resistivity,
which leads to stress corrosion cracking. Moreover, wear debris is an important by-product
that can be used to identify the machining conditions [11]. For example, wear behavior
can be inferred from the amount of debris, size, shape, and composition [12–16]. Thus, the
debris produced during the wear test was also sampled and analyzed.

In any industrial process, phenomena such as oxidative, abrasive, adhesive, and
fatigue wear commonly occur. Thus, wear processes should be examined to understand
the functionality of different parts under the combined wear conditions. Furthermore,
to improve the wear resistance of stainless steel and expand its application scope, the
metallurgical mechanisms, such as the lubrication effect with subsurface layers, should
be investigated in detail, as research investigating wear behaviors based on metallurgy is
still lacking. Therefore, research studies should focus on increasing the life cycle of parts,
thereby allowing effective metal formation in industrial fields.

2. Experimental Procedure
2.1. Materials

AISI304 rod (C: 0.09, Si: 0.32, Mn: 1.29, P: 0.00, S: 0.15, Ni: 8.37, Cr: 20.32, and Fe: bal.
mass%) with a diameter of 10 mm was cut for using as a cylindrical block, as shown in
Figure 1a. Furthermore, the AISI304 blocks were subjected to a solution treatment at 1373 K
for 3600 s followed by water quenching. The Vickers hardness of the contact surfaces
were also measured at a load of 9.8 N after heat treatment, which is the maximum load
of the hardness tester (MVK-C, Akashi Co. Ltd., Takahama, Japan), for a holding time of
15 s. Nine different points were measured for each block. The highest and lowest values
were discarded, and the hardness of each block was determined using the average of the
remaining seven values.
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Moreover, high speed steel (HSS) was used as a disk and a counter material in this
wear-testing system, as shown in Figure 1b,c exhibiting specification of the rod used for
fixing the blocks and adding the normal load of 7.3 N to the blocks.

2.2. Block-on-Disk Sliding Wear Test

The block-on-disk wear-testing system was used in this study. The sliding wear is
caused by a loaded block contacting a rotating disk. The wear tests were carried out in
air at room temperature and constant humidity. The rotation speeds of the disk for each
wear test were 100, 200, and 300 rpm, which indicates the sliding speeds of 0.79, 1.57, and
2.36 mm/s, respectively. Then AISI304 blocks were cleaned with acetone and dried in air in
order to avoid contamination, before and after each wear test. The weight of each test block,
before and after the wear test, was measured using a precise electric balance (0.0001 g). The
wear weight loss (Wloss) was obtained in grams from the following equation:

Wloss = W2 −W1, (1)

where W1 and W2 are respectively the weight of a block before and after the wear test.
Wloss can be converted into the volume loss (Vloss) in mm3 using the following equation:

Vloss =
Wloss
Dalloy

(2)

Dalloy is the weight per unit volume for the density of AISI304 block (approximately
7.72 g/cm3) obtained by calculations based on molecular weights. Then, the specific wear
rate (Ws) was calculated using the following equation:

Ws =
Vloss
FnL

(3)

where Fn is the normal load applied in N and L is the sliding distance in m.
Most of the lubricants which are available in the market are based on mineral oils

formulated from petroleum oil. In this study, the petroleum oil (n-butyl stearate ≤5,
sorbitan oleate ≤5, and distillates: bal. mass%) was also used as an oil-based lubricant in
the wear-testing system.

2.3. Analysis of Wear Characteristics

The wear debris was sampled after the wear tests and analyzed using scanning
electron microscopy (SEM, JIB-4500, JEOL Co. Ltd., Tokyo, Japan) combined with energy-
dispersive spectroscopy (EDS). The wear tracks were also examined to understand the
wear mechanisms.

Furthermore, some of the AISI304 blocks were sectioned parallel to the sliding direc-
tion to examine subsurface layers. SEM based electron back-scattered diffraction (EBSD)
analysis was performed to develop a more quantitative view of deformation-induced nu-
cleation of martensite in subsurface layers of the blocks. The cut surfaces were wet polished
using SiC water proof papers and were subsequently buff-polished using an Al2O3 powder
with an average diameter of 0.3 µm and a colloidal SiO2 solution. The orientation data
obtained from the EBSD scans were analyzed using an orientation imaging microscopy
(OIM™) analysis software (version 7.2, EDAX Inc., Mahwah, NJ, USA).

3. Results and Discussion
3.1. Wear Behaviors and Characteristics

When stainless steel was treated thermally and it became fully austenitic, the carbides,
martensitic structure, and residual stress within the steel were removed, thereby improving
its processability and corrosion resistivity. Therefore, to examine the microstructure of the
thermally treated test block, its center of the contact surface was analyzed via EBSD prior
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to the wear test. As shown in Figure 2, the AISI304 sample comprised a single γ-austenite
phase after heat treatment.
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Furthermore, micro-cutting plays a crucial role in the water-lubricated contact than 
that in the dry contact, which is a characteristic of abrasive wear. In the case of oil-lubri-
cated contact, regular grooves with micro-cutting are more apparent. Furthermore, a sig-
nificant decrease in severe plastic deformation was observed than the dry and water-lu-
bricated contacts, regardless of the rotation speed, which confirms the presence of mild 
wear, indicating a dramatic reduction in the adhesion. 
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Figure 2. Electron back-scattered diffraction (EBSD) analysis of AISI304 blocks before wear test:
(a) image quality (IQ) maps and (b) corresponding phase maps (PM).

The Vickers hardness of the post-treated AISI304 block was calculated as 150.3 ± 4.47 HV;
in contrast, the hardness value of its counterpart, HSS disk, was 678 HV, which is ~540 HV
higher than that of the AISI304 block. Ws for each test condition was calculated using
Equations (1)–(3), as shown in Figure 3. At all the rotation speeds, Ws was the highest
under dry conditions, followed by those under the water- and oil-lubricated conditions.
Typically, under metal-to-metal contact, Ws is proportional to the sliding speed owing to
frictional heat and adhesion. This behavior was observed under dry conditions, as shown
in Figure 3. However, for the water-and oil-lubricated contacts at 300 rpm and 200 and
300 rpm, respectively, Ws decreased. This is explained in the following sections.
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Figure 3. Ws of AISI304 blocks against HSS disk obtained from wear tests under dry, water-, and
oil-lubricated conditions.

To understand the wear behavior and the mechanism through the wear tracks on the
wear surfaces of the test blocks, SEM images were obtained, as shown in Figure 4. As shown
in Figure 4a,b for both low (100 rpm) and high (300 rpm) rotation speeds, the wear tracks
of the test blocks under the dry condition showed a significant plastic deformation with
smeared surfaces than those under water- and oil-lubricated conditions, thereby indicating
strong adhesion forces during wear. In particular, at 300 rpm (Figure 4b), numerous cracks
had grown perpendicular to the slide direction, indicating that the fatigue wear causing
subsurface cracks is also one of the major wear mechanisms.
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rotation speeds of (a) 100 and (b) 300 rpm, obtained from tests under dry conditions, rotation speeds
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Furthermore, micro-cutting plays a crucial role in the water-lubricated contact than
that in the dry contact, which is a characteristic of abrasive wear. In the case of oil-lubricated
contact, regular grooves with micro-cutting are more apparent. Furthermore, a significant
decrease in severe plastic deformation was observed than the dry and water-lubricated
contacts, regardless of the rotation speed, which confirms the presence of mild wear,
indicating a dramatic reduction in the adhesion.

Both the disk and block comprise the same main chemical composition (Fe), demon-
strating high metallurgical compatibility. Owing to the high metallurgical compatibility
between the disk and block, strong adhesion is prone to occur during wear under the con-
ditions used in this experiment. When water or oil is applied, a lubricating film is formed
on the contact surface between the disk and block, decreasing the area of real contact (Ar).
Adhesion occurs at the contact surface owing to the interatomic thermal interaction, and
it decreases proportionally with Ar. Thus, the decrease in shear stress reduces the plastic
deformation of the contact surfaces, and micro-cutting is clearly observed, as shown in
Figure 4c–f. In particular, for oil-lubricated contact, the plastic deformation is less severe
on the wear tracks, suggesting that the lubricating effect of oil-based lubricant is greater
than that of water-based lubricant.

As shown in Figure 5, the dry and water-lubricated contact produced significant
amounts of irregular blocky and plate-like debris, clearly indicating fatigue wear [11,17–20].
In the oil-lubricated contact, a significant amount of thin and elongated cutting chip-like
debris was observed; this is due to the harder asperities leaving micro-cutting grooves on
the contact surface of the mating material that generates cutting chip-like debris. Further-
more, cutting chip-like debris confirms abrasive wear. Typically, while abrasive wear is
known to have a higher Ws than other wear mechanisms, the oil-lubricated contact exhibits
a low Ws, as shown in Figure 3. This is attributed to the high lubricating effect of oil, which
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causes much milder abrasive wear, as well as a decrease in the adhesive and fatigue wear.
The EDS analysis was also carried out to analyze the wear debris. Strong peaks of chrome
(Cr) and nickel (Ni) are detected from debris under dry (Figure 6a,b) and other lubricated
conditions, which indicates that they are from the test blocks rather than from the disk.
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Figure 6. EDS analysis of (a) plate-like debris and (b) blocky debris collected at the end of wear tests
at a rotation speed of 200 rpm under dry contacts.

3.2. Phase Transformation Behavior

EBSD analysis was performed to observe the changes in the subsurface layer of the
AISI304 block after each wear test, and the phase maps (PM) are shown in Figure 7. Similar
to Figure 2, while AISI304 consisted of a single γ-austenite phase prior to the wear test,
SIM transformation was observed for all blocks after the wear test.
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obtained from tests under water-lubricated contacts, and (d) 300 rpm obtained from tests under
oil-lubricated contacts.

22



Metals 2021, 11, 1854

It has been reported that high stacking fault energy (SFE) is strongly related to high
austenite stability, which retards nucleation and growth SIM [21]. The SFE for austenitic
stainless steel can be estimated through empirical equations, based on the chemical compo-
sition, using the following equation [22]:

SFE (mJ/m2) = 32 + 2.4 (%Ni) − 1.2 (%Cr) − 1.2 (%Mn) (4)

As SFE value increases, the dominant deformation mode is gradually shifted from
ε-martensitic transformation to deformation twinning and then to slip [10]. The calcu-
lated SFE value is approximately 26 mJ/m2 according to Equation (4), in this work. It
is reported that the martensitic transformation in AISI304 can also occur at a higher SFE
than around 20 mJ/m2 [23], whereas deformation twinning is favored at SFE more than
around 20 mJ/m2 [24–26]. Furthermore, the SFE is mainly changed by variations in not
only chemical composition but also deformation temperature [27–29]. The SFE increases
with increasing deformation temperature with same chemical composition [23,28], which
can retard nucleation and growth of strain-induced martensite.

In this study, no significant variance in the degree of SIM transformation with rotation
speed was observed, excluding dry contact. Theoretically, the friction temperature is a
function of the sliding speed. In the case of dry contact at 300 rpm, the frictional heat from
high rotation speed caused an increase in the SFE, suppressing the SIM transformation. The
high temperature is also responsible for the high adhesion and plastic shearing deformation,
resulting in the highest Ws, as shown in Figure 3.

In contrast, in the water-lubricated contact at 300 rpm, the water film at the contact
surface can act as a coolant, decreasing the temperature from the frictional heat, resulting
in a thicker martensite layer compared to the dry contact at 300 rpm. The oil-lubricated
contact had the thinnest martensite layer (~1.5 µm), regardless of the rotation speed.

3.3. Stribeck Curve and Lubrication Region

An empirical criterion, the so-called Stribeck curve, is generally used to identify the
three lubrication regimes [30]. Figure 8 shows a schematic of the Stribeck curve and the
corresponding lubrication regimes, which are based on the viscosity (η) and sliding speed
(V) under the same normal load. The Stribeck curve illustrates the relationship between
the lubrication parameter and the basic trend of friction variation. Similar diagrams can
easily be found in many books and articles [30,31]. The regime where h→0 is the boundary
lubrication regime (I), and the regime to its right, where h ≈ R (surface roughness), is the
mixed lubrication regime (II); herein, hydrodynamic, boundary, and solid lubrication are
mixed. Finally, the regime, wherein h >> R, is the hydrodynamic lubrication regime (III).
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As shown in Figure 3, unlike the dry contact, Ws decrease under the water-lubricated
contact at 300 rpm. This may be attributed to the change in the lubrication regime from
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boundary (I) to the left side in the mixed lubrication regime (II) for the water-lubricated
contact, as shown in Figure 8. Thus, at less than 200 rpm, the dry and water-lubricated
conditions are both considered to be in the boundary lubrication regime (I), and no signif-
icant differences in both the friction coefficient and Ws were observed. The large plastic
shear deformation in subsurface layer can lead to accumulation of shear strain and fatigue
wear when strong adhesion exists at the contact area [17]. Therefore, in this region (below
200 rpm under dry and water-lubricated conditions), Ws increases with increasing the
rotation speed owing to the strong adhesion, although there is no sharp change in friction
coefficient. However, above 200 rpm, under the water-lubricated condition, the lubrication
regime shifts to the mixed lubrication regime (II), resulting in a significant change in Ws
(Figure 3) with a sharp drop in friction coefficient (Figure 8). From the results described
above, the amount of martensite at 300 rpm is also larger under water-lubricated condition,
compared to that under dry condition. It can be also explained by that shift in regime and
a drop in friction coefficient.

Even at the same rotation speed, when the viscosity of the lubricant is sufficiently
large, the Stribeck curve moves to the right. For the oil lubricant used herein, even at
a low rotation speed (100 rpm), the lubricant is considered to be near or in the mixed
lubrication regime (II). In comparison to the dry or water-lubricated conditions, which fall
in the boundary lubrication regime (I) at a low speed (100 rpm), the high viscosity of the
oil-based lubricant causes the lubrication condition to enter the mixed lubrication regime
(II) early at a lower speed, thus reducing Ws over the 100–300 rpm range (Figure 3).

In conclusion, austenitic stainless steel can undergo various severe wear processes
such as abrasive, adhesive, and fatigue wear during machining. In particular, when the
counterpart material is rich in Fe, strong adhesion may occur, resulting in SIM transforma-
tions and subsurface shear deformation. The SIM transformation decreases the corrosion
resistance and causes stress corrosion cracking. To prevent this, various water-based and
oil-based lubricants are used in drilling and cutting processes. Studies on wear proper-
ties, adhesion of contact surfaces, and subsurface deformation under different lubrication
conditions can provide fundamental knowledge for machining process applications.

4. Conclusions

In this study, the wear characteristics and behaviors of AISI304 austenitic stainless
steel were evaluated at the different rotation speeds, under dry, water-, and oil-lubricated
conditions. The primary findings of this study are the following:

1. Owing to the high metallurgical compatibility between the disk and block, strong
adhesion is prone to occur during wear. When water or oil is applied, a lubricating
film is formed on the contact surface, decreasing Ar and adhesion.

2. In the oil-lubricated contact, a significant amount of thin and elongated cutting chip-
like debris was observed. This is attributed to the high lubricating effect of oil, which
causes mild abrasive wear.

3. In the water-lubricated contact at 300 rpm, the water film at the contact surface acted
as a coolant, decreasing the temperature from the frictional heat, resulting in a thicker
martensite layer compared to the dry contact at 300 rpm.

4. At less than 200 rpm, the dry and water-lubricated conditions are both considered
to be in the boundary lubrication regime, and no significant differences in both the
friction coefficient and Ws were observed. However, above 200 rpm, under the water-
lubricated condition, the lubrication regime shifts to the mixed lubrication region,
resulting in a significant change in Ws.

5. In comparison to the dry or water-lubricated conditions, which fall in the boundary
lubrication regime at a low rotation speed (100 rpm), the high viscosity of the oil-based
lubricant causes the lubrication condition to enter the mixed lubrication regime early
at a lower speed, thus reducing Ws over the 100–300 rpm range.
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Abstract: Ni-Cr-Mo-based superalloy is widely used as a key component in many critical environ-
ments. To ensure that the manufacturing process does not impact the long-term service performance
of these components, the aging precipitation behavior at different temperatures and its effect on inter-
granular corrosion (IGC) resistance and wear resistance of a Ni-Cr-Mo-based C276 superalloy were
investigated. The equilibrium phase diagram was calculated first using thermodynamic software to
confirm the potential phases. Carbides of M6C were found to be formed at grain boundaries after ag-
ing at 800–850 ◦C for short-term treatment. The other two phases (µ phase and P phase) indicated in
the phase diagram were not observed for the samples after aging treatment up to 15 h. Furthermore,
double loop electrochemical potentiokinetic reactivation (DL-EPR) tests were conducted to examine
the IGC resistance. The degree of sensitization increased with the aging time and severe corrosion
was found to occur at grain boundaries. For the first time, the influence of aging treatment on the
wear behavior of this superalloy has been specifically studied. Concerning the hot processing of
Ni-Cr-Mo-based C276 superalloy, these results indicate the importance of avoiding high-temperature
heat treatment for long periods.

Keywords: Ni-Cr-Mo-based superalloy; aging treatment; precipitation; intergranular corrosion
resistance; wear resistance

1. Introduction

Superalloys usually preserve excellent high-temperature performance, resulting in
them being widely used in many industries with intense conditions, such as aerospace,
chemical, nuclear, etc. C276 superalloy is one of the most promising superalloys belonging
to the Ni-Cr-Mo-based family, with good corrosion resistance, high temperature strength,
and creep resistance [1–4]. This superalloy was first developed by dramatically reducing the
content of carbon and optimizing the alloying elements [5]. The outstanding advantage of
this superalloy is that it can be used directly in a welding state without severe intergranular
corrosion (IGC) attack [6,7].

Due to the excellent properties of C276 superalloy, it is an ideal candidate material
of some key components in the nuclear industry [8–10]. The material was designed to
be used in temperatures below 650 ◦C. However, during the manufacture process, C276
superalloy needs to undergo heat treatments at elevated temperatures for a certain period
of time in some cases. Recently, a new technology, named hot vacuum bulging technology,
was developed to manufacture a rotor can, which is a key component in nuclear reactor
coolant pumps, using C276 superalloy [11,12]. The hot vacuum bulging processing is
conducted at 800 ◦C for 2 h to realize exact forming through creep deformation. Creep age
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forming (CAF) is an effective forming technology for aluminum alloys, and potentially
has applications with superalloys [13]. Therefore, the effect of high-temperature aging
on performance during the manufacture process (which is much higher than the service
temperature) becomes a main concern for C276 superalloy.

C276 superalloy is used in solution state with single austenite phase. There is no
need to apply aging treatment to this superalloy to optimize the precipitation of γ’ and/or
γ”, such as the precipitation-strengthened superalloys [14,15]. Previous investigations
into the aging treatment of C276 superalloy focused mainly on testing the stability of
performance during long-term service. Liu et al. found that massive block µ phase and
M6C carbides precipitated in the C276 superalloy after aging at 700 ◦C for more than
360 h, and the precipitates grew along with the aging time [16]. The tensile test at 700 ◦C
indicated that the aged samples maintained the tensile strength with a small decrease in
plasticity until 2160 h. The fracture of the tested sample still presented ductile morphology.
Akhter et al. tested the effect of aging treatment on the hardness and impact energy of
C276 superalloy [17]. The authors found that Mo-rich µ phase precipitated after aging at
850 ◦C for 48 h, associated with a dramatic decrease in impact energy. Raghavan et al. have
characterized the three distinct second phases, µ phase, M6C carbides, and P phase, in the
long-term aged C276 superalloy using transmission electron microscopy (TEM) [5]. The
chemical compositions are remarkably close for the three kinds of precipitates. The authors
defined the precipitates using a transmission electron microscope.

However, the influence of short-term aging treatment on the performance of this kind
of superalloy has been given little attention. There are indications that short-term aging at
high temperature can also induce precipitation in other Ni-Cr-Mo-based superalloys [18,19].
A similar phenomenon was also observed in C276 superalloy when it was aging treated at
800 ◦C for a relatively short time [20]. Furthermore, the nuclear reactor coolant pump rotor
serves as a protective barrier for the rotor against cyclic erosion of the coolant. The corrosion
resistance and wear resistance of C276 superalloy are key utilized material properties for
C276 superalloy. For example, there were clear, synergistic effects between corrosion
and wear in this alloy under seawater conditions, leading to corrosion-induced wear and
wear-induced-corrosion in tribocorrosion processes [21–23]. According to Hashim and
Duraiselvam [24], the tribological properties of C276 superalloy could be improved by laser
surface treatment without sacrificing its corrosion properties. Yilbas and Ali also studied the
effect of laser treatment on C276 alloy [25]; they found that laser treatment was effective in
increasing the surface microhardness and decreasing the friction coefficient. Nevertheless,
it is worth noting that no study investigating the effect of aging treatment on the tribological
behavior of C276 superalloy has been reported. Our previous paper [20] revealed that
small amounts of precipitation resulted in the deterioration of corrosion resistance, but
the relationship between precipitation, corrosion behavior, and wear resistance of C276
superalloy is yet to be elucidated. Therefore, the precipitation behavior at different aging
treatment temperatures and its influence on the corrosion and wear resistances are highly
deserving of an investigation.

The present study is an extension from our previous report [20]. In this work, the
equilibrium phase diagram for C276 superalloy was calculated first. Then, based on the
thermal dynamic calculation results, aging treatments at two different temperatures were
specifically conducted. The aging-treatment-induced precipitations were carefully charac-
terized by SEM and TEM. Moreover, the corrosion resistance, mechanical property, and
wear behavior of aging-treated C276 superalloy was evaluated by double-loop electrochem-
ical potentiokinetic reaction (DL-EPR) test, microhardness measurement and ball-on-plate
sliding wear test, respectively.

2. Materials and Methods

The tested C276 superalloy is a 0.5 mm thick commercial sheet, which is in solution
state with equiaxed austenite grain structure. The chemical composition of the material
is: 0.004 C, 0.01 Si, 16.00 Cr, 16.34 Mo, 5.98 Fe, 3.46 W, 0.25 Co, 0.04 Cu, 0.16 V, 0.4 Mn
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and balance Ni in wt.%. More details are available in Ref. [20]. Based on the chemical
compositions, thermodynamic software Thermal-Calc (Thermo-Calc Software, Canonsburg,
RA, USA) was used to calculate the equilibrium phase diagram. In order to make a
comparison with the previous paper [20], the sheets were aging treated in a vacuum
furnace at 800 ◦C and 850 ◦C for 1–15 h, followed by water quenching.

The samples used for microstructure analysis were cut from these aging-treated sheets.
After mechanical polishing, the samples were light etched in aquaregia (HCl: HNO3 = 3:1)
for 1–3 min and then examined with a field emission scanning electron microscope (Zeiss
Supra 55, Zeiss, Germany). For TEM observation, disks 3 mm in diameter and 50 µm
in thickness were electrochemically polished at −30 ◦C in a 5% perchloric acid ethanol
solution and examined in JEM-2100F (Jeol Ltd., Japan, JEM-2100F).

The DL-EPR test was performed to investigate the corrosion resistance of the aged
samples. Square samples measuring 15 × 15 mm were cut and the sample surfaces were
mechanically polished. The conventional solution (0.01 mol/L KSCN and 0.5 mol/L H2SO4)
was found to not be applicable for distinguishing the current peaks in the electrochemical
tests. In this work, we introduced a new solution of 6 mol/L HCl to investigate the IGC
resistance of C276 superalloy. A saturated calomel electrode (SCE) is served as the reference
electrode. The scan started from the potential of −0.3 VSCE to 0.7 VSCE with a rate of 1 mV/s,
then reversed.

The microhardness was examined using the MHV−2.0 Vickers (Shenzhen Shunhua
Instrument Equipment Co., Ltd., Shenzhen, China) hardness tester with a load of 0.25 N.
The influence of aging treatment on the wear resistance of C276 superalloy was studied in
an acceleration condition using a ball-on-plate wear testing rig. The detailed information
about the wear testing rig can be found in the study by Li et al. [26]. Prior to the wear
tests, C276 superalloy plates were ground and polished to a final surface roughness of less
than 100 nm [27]. Al2O3 balls with a diameter of 7 mm were selected as the counter-body.
Wear tests were performed at room temperature and repeated at least three times for
each material. The applied normal load on the ball was 10 N and the sliding speed was
0.92 m/min. The length of the wear stroke was 12 mm and the total reciprocating wear test
duration was 30 min. During each test, the friction coefficient was automatically calculated
and recorded. The worn surface profile was then examined by an optical 3D surface profiler
(Super View W1 type, which is manufactured by Shenzhen Zhongtu Instrument Co., Ltd.,
Shenzhen, China).

3. Results and Discussion
3.1. Thermodynamic Calculation Results

The equilibrium phase diagram based on the chemical compositions was calculated us-
ing thermodynamic software Thermal-Calc. The molar fractions (NP) of phase constituents
varying with the temperature is shown in Figure 1. It infers that the µ phase, P phase,
and M6C are supposed to precipitate from the matrix at high temperatures; µ phase can
precipitate at temperatures lower than 772 ◦C, P phase can precipitate in the temperature
range of 598–1098 ◦C, M6C can form at temperatures lower than 1111 ◦C, and the content
increases with the decreasing temperature. The maximum content for the precipitation of
M6C is 0.14 mol%. The equilibrium chemical compositions of the precipitations are listed
in Table 1. The precipitations are mainly composed of Cr, Mo, W, and Ni.
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Figure 1. Equilibrium phase diagram (mol%) predicted by Thermo-Calc software for the tested C276
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Table 1. The equilibrium chemical composition of the precipitates (wt.%).

C Cr Mo Fe W Co Ni

P 0 16.00 41.87 1.05 11.5 0.01 29.45
µ 0 16.00 47.32 1.94 5.58 0.01 29.04

M6C 2.48 9.17 57.9 2.60 5.38 0.007 22.40

It should be noted that the equilibrium phase diagram is calculated based on the
thermodynamic analysis. It needs time for the diffusion of alloy atoms to form the pre-
cipitates. Three kinds of precipitates have been reported to be formed in Ni-Cr-Mo-based
superalloy [5,28]. However, the aging treatments were conducted at 650–900 ◦C for 1000 h
in the investigation of Raghavan et al. [5]. Akhter et al. heated the samples up to 240 h to
study the effects of aging treatment on the hardness and impact property [17]. They also
mentioned that µ phase cannot form during the aging treatment at 650 ◦C within 500 h,
while M6C may be produced after 10 h of aging.

3.2. Precipitate Observations

In our previous paper [20], the precipitation behavior of C276 superalloy during
aging at 800 ◦C was studied. In order to understand the influence of aging temperature,
the precipitation behavior of C276 superalloy during aging at 850 ◦C was studied and
compared with the results of aging at 800 ◦C. Figure 2 shows the backscattered electron
(BSE) images of the aging-treated samples with different aging temperatures. One can
determine that some second phases precipitated along the austenite grain boundaries. By
comparison, the number of precipitates increases with the increase in aging time and aging
temperature. Furthermore, the morphologies of the precipitates seem very similar for all
the samples. The amounts of precipitates were observed to be very low for the samples
aged within 4 h. Energy dispersive spectrometer (EDS) analysis was used to detect the
compositions of the precipitates, as shown in Figure 3. It can be seen that the precipitates
are rich in Mo and W as compared to the base material. The compositions are similar to the
thermodynamic calculation results as listed in Table 1. However, it is hard to distinguish
the precipitates based on the chemical compositions.
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Figure 2. Backscattered electron images of the C276 superalloy after aging treatments: (a) 800 ◦C for
4 h; (b) 800 ◦C for 15 h; (c) 850 ◦C for 4 h; (d) 850 ◦C for 15 h.
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Figure 3. Secondary electron image (a) and EDS analysis (b) of the C276 superalloy aged at 850 ◦C
for 15 h.

TEM was used to further confirm the precipitates, as shown in Figure 4. The pre-
cipitates were formed at grain boundaries with a twinning boundary. The diffraction
pattern indicates that the precipitation is a face-centered cubic (FCC) structure with a
lattice constant of a = 1.11 nm. M6C is reported to have a cubic crystal structure with
a = 1.08–1.12 nm [5]. µ phase (A6B7 type) has a hexagonal close packed structure with
a = 0.476–0.479 nm and c = 2.57–2.59 nm, while P has a tetragonal crystal structure [5,16].
Moreover, Raghavan et al. reported that µ phase and M6C were the main precipitates
for C276 superalloy when aging at 650 ◦C–900 ◦C up to 1000 h [5]. Based on the phase
diagram in Figure 1, µ phase is supposed to precipitate at a temperature below 772 ◦C.
Therefore, the precipitate is supposed to be M6C, which is consistent with the previous
report [20]. No other types of precipitates were observed in TEM analysis. The chemi-
cal composition analysis result corresponds to the thermodynamic calculation result in
Section 3.1. Therefore, both the thermodynamic calculation and experimental investigation
confirm the precipitation of M6C carbides in the aging-treated C276 superalloy. Increasing
the aging temperature to 850 ◦C does not introduce other precipitates during aging.
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Figure 4. TEM image of precipitates of M6C (a) and corresponding diffraction pattern (b) in the
sample aged at 850 ◦C for 15 h.

3.3. IGC Behavior

DL-EPR test was employed to evaluate the degrees of sensitization of the samples ag-
ing treated at 850 ◦C. The representative DL-EPR curves are shown in Figure 5. The current
density peaks in the anodic scan loop (Ia) and reverse scan loop (Ir) were determined by the
curves. Then, the ratio of Ir/Ia can be obtained to evaluate the sensitization of IGC. Table 2
lists the determined values for the parameters Ia, Ir, and Ir/Ia. The Ia values varied little
with the aging time. However, the Ir increased along with the aging. Since a new solution
was used, the degree of sensitization was used to compare the relative IGC resistance of
the samples. It was found that the degree of sensitization of the tested C276 superalloy
increases with the aging time. This corresponds to the precipitate observation results, in
which the number of precipitates increases with the progression of the aging treatment.
Here, a new solution was used to evaluate the IGC behavior of C276 superalloy, which
resulted in a large difference between these results and those reported previously [20]. The
values in Table 2 indicate that this solution can reflect the degree of sensitization.
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Table 2. Summary of Ia/Ir, and Ir/Ia determined based on the DL-EPR tests.

Aging Time Ia (A·cm−2) Ir ( A·cm−2) Ir/Ia

0 h 0.052304 0.065186 1.246
1 h 0.056988 0.16517 2.898
2 h 0.066707 0.1994 2.989
4 h 0.063476 0.21418 3.374
8 h 0.079404 0.27391 3.450
15 h 0.084394 0.33562 3.977
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Figure 6 shows the microstructure of samples after DL-EPR tests. The as-received
sample shows homogeneous etched morphology after testing. However, for the aged
sample, severe corrosion at grain boundaries can be easily defined, as shown in Figure 6b.
This indicates that C276 superalloy is sensitive to IGC attack after aging treatment, which
agrees well with the DL-EPR curve analysis results.
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Figure 6. Optical microstructural observation of the samples after DL-EPR tests: (a) as-received
material; (b) the sample aged at 800 ◦C for 12 h.

The precipitates of M6C carbides after aging treatment are rich in Mo and W as
detected by EDS analysis. This results in the formation of Mo- and W-depleted regions
adjacent to the grain boundaries [29]. These regions are supposed to be easily attacked by
corrosion during etching [30–32]. This implies that the precipitation of carbides during
aging at high temperatures for higher than 4 h is detrimental to the IGC resistance of
C276 superalloy. Moreover, the grain boundaries show different corrosion resistances in
Figure 6b. Stratulat and Luo et al. have noticed this phenomenon in stainless steel and
aluminum alloy [33,34]. They showed that the grain boundaries with high stored energy,
which is related to the grain misorientation angle and dislocation density, were easily
IGC attacked.

3.4. Microhardness and Wear Behavior

The microhardness of C276 superalloy after aging treatment at 850 ◦C was measured
with the results displayed in Figure 7. The microhardness is shown to increase from about
330 to 360 HV after aging treatment for 4 h, and then declines very slightly with further
increasing the aging time. The aging treatment at 800 ◦C led to very similar microhardness
in the alloy with the aging treatment at 850 ◦C. Coupling the analysis with the precipitation
observations in Figure 3, the precipitation of M6C carbides is supposed to increase the
microhardness of the aged C276 superalloy. Such a phenomenon of age hardening has
also been found in a C276 alloy coatings by Mulligan and co-authors [35], who interpreted
the increase in hardness to the formation of precipitates rich in Mo and Cr. It is worth
noting that precipitation mainly occurs at grain boundaries and there is a slight grain
growth during aging treatment, as evident from Figure 2; thus, a very small reduction in
the microhardness is observed when the alloy is aging treated after 15 h.
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In previous studies [21–27,36–38], it has been reported that the wear behavior of
a metallic material can be affected by many factors, such as its microstructure, phase
constitution, mechanical properties, and the sliding wear conditions (including normal load,
velocity, and atmosphere). Based on the precipitation results in Figure 2 and microhardness
results in Figure 7, the C276 superalloy samples after aging treatment at 850 ◦C for 4 and
15 h were specifically selected for further wear property evaluations. Figure 8a shows the
typical friction coefficient evolution histories during sliding wear as a function of time.
The results reveal that the friction coefficient increases significantly during the early stage
of sliding wear and then changes very slightly, indicating a relatively steady-state wear
process. Figure 8b shows the average friction coefficient as a function of microhardness.
Of note, the average friction coefficient in this paper is calculated by averaging the results
obtained during the steady state wear stage from all three repeated wear tests for each
condition. It can be seen from the figure that the average friction coefficient of C276
superalloy without aging treatment is about 0.6. The value is consistent with the typical
friction coefficients for dry sliding wear of metallic materials [37]. It is interesting to observe
that the friction coefficient increases first after aging treatment for 4 h and then drops with
further increasing the aging time. The friction coefficient evolution tendency is consistent
with that of microhardness. As shown in Figure 8b, the average friction coefficient of
C276 superalloy increases when its microhardness is increased. The maximum friction
coefficient of about 0.95 is achieved in the sample that has the greatest microhardness of
about 360 HV corresponding to the aging treatment at 850 ◦C for 4 h. These increased
friction coefficients in Figure 8 should be attributed to the formation of hard precipitates
as displayed in Figure 2. It is obvious that the presence of precipitates not only results in
the increase in friction coefficient, but also leads to the fluctuations of friction coefficient
during steady state wear process in Figure 8a.
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In order to reveal the influence of aging treatment on the wear resistance and wear
mechanisms of C276 superalloy, the 3D wear track surface morphologies after wear test
are characterized with the results shown in Figure 9. Obvious furrow marks associated
with wear debris can be found in all the samples as labelled in the figures, indicating
the severe abrasion wear. The samples with and without aging treatment show a great
difference in the morphologies of furrow. Narrow and shallow wear marks develop in the
C276 superalloy without aging treatment. On the contrary, remarkably wider and deeper
grooves are found in the aged treated samples. To further analyze the surface morphologies
after wear, the surface profiles were detected and drawn together in Figure 10. The wear
track width and depth are about 373 µm and 5.5 µm, respectively, for the as-received alloy
while increasing to about 1490–1530 µm and 21–22 µm, respectively, for the aged samples.
It is evident that aging treatment of C276 superalloy leads to much larger wear tracks,
indicating the obvious reductions of its wear resistance.

Although the microhardness increases after aging treatment, the wear resistance was
reduced. Based on the observations on the wear tracks in Figure 9, it is estimated that the
M6C carbides may fall off from the material and increase the wear volume in the form
of a third body during abrasive friction. This effect is different from the fine precipitates
in the matrix, in which the fine scale precipitates can improve the wear resistance in
the form of precipitation strengthening [38–40]. The increase in microhardness of C276
superalloy after aging treatment is caused by the formation of M6C carbides. However,
these precipitates mainly formed at grain boundaries, as confirmed in Figures 2–4. The
precipitation at grain boundaries could deteriorate the mechanical properties of the matrix.
Therefore, to preserve the good wear resistance of the C276 superalloy, the selection of
aging treatment temperature and time should be very carefully selected. It is worth noting
that this study is the first report considering the influence of aging treatment on the wear
behavior of C276 superalloy, and a more comprehensive investigation on the mechanisms
and sliding-wear-induced microstructure changes will be reported in our future research.
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Based on the above analysis, it is found that the precipitation, corrosion resistance,
microhardness, friction coefficient, and wear resistance of C276 superalloy can be greatly
affected by aging treatment. Particularly, both the corrosion resistance and wear resistance
deteriorated obviously for the C276 superalloy after aging longer than 4 h. Since this
superalloy is mainly used in nuclear industry which faces cyclic load and erosion of
coolant, long service life is important. Therefore, to avoid the failure of C276 superalloy
components, a solution treatment is desired when the processing is conducted at high
temperatures for a long time.

4. Conclusions

1. The equilibrium phase diagram for a Ni-Cr-Mo-based C276 superalloy was inves-
tigated using thermodynamic software Thermal-Calc. Coupled analysis with the
precipitate observation, the M6C carbides (which are rich in Mo and Cr) were found
to precipitate at grain boundaries after aging treatment at 800–850 ◦C for higher than
4 h. µ phase and P phase had not been detected.

2. DL-EPR tests were used to estimate the IGC resistance of the aging-treated C276
superalloy. It is found that the degree of sensitization increased with the aging
treatment time. It is supposed that the precipitation causes the formation of a Cr, W
depleted zone adjacent to grain boundaries, deteriorating the corrosion resistance.

3. The microhardness of C276 superalloy increases after aging treatment, which was
mainly attributed to the formation of hard M6C precipitates. With further increasing
the aging treatment time, a slight decrease in the microhardness was observed.

4. For the first time, sliding wear results indicated that both the friction coefficient and
wear track dimension increased when C276 superalloy was aging treated. The hard
precipitates fell off and acted as the third body during wear process, leading to a great
reduction in the abrasion wear resistance.
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Abstract: Certain amounts of precipitate in CoCrFeNiMox (simplified as Mox) is beneficial to the
wear resistance; however, the optimal chemical content of Mo and the anti-wear mechanism behind
it remains unclear. The Mox (x = 0, 0.3, 0.5, 1, 1.5 in molar ratio) high entropy alloys (HEAs) were
manufactured, the evolution of their microstructure, mechanical, friction, and wear properties with
Mo content was studied. The results displayed that the mechanical properties of the FCC solid
solution were enhanced from Mo0 to Mo0.3, then kept unchanged till x = 1.5. The volume fraction of
the precipitates increased with Mo content. The Mo1 presents the lower average friction coefficient
and wear rate, attributed to the desired types, amount, size, distribution of the hard σ and µ phases
in the ductile FCC solid solution. The detailed mechanism behind their tribological behaviors were
discussed in the manuscript.

Keywords: high-entropy alloy; microstructure; mechanical properties; CoCrFeNiMox; friction
and wear

1. Introduction

High entropy alloys (HEAs), namely the multicomponent alloys, have become a
hotspot of material research since 2004 when proposed by Yeh et al. [1] and Cantor et al. [2].
Because they possess high thermal stability, superior physical and excellent mechanical
properties, such as high hardness [3], high strength, and high ductility, especially at a
cryogenic temperature [4,5], excellent wear resistance [6], and corrosion resistance [7],
which make the HEAs the promising materials as components in structural and mechanical
materials, particularly at cryogenic temperature. These special features have been on
account of the high mixing entropy, sluggish diffusion, and severe lattice distortion. HEAs
are composed of five or more principal elements with the concentration of each element
being between 5 wt.% and 35 wt.%, they have a stable solid-solution state attributed to
the high mixing entropy ∆Smix, and the distribution of the five constituent elements is
relatively random and uniform [8].

HEAs such as CoCrFeNi alloy systems, with a face-centered (FCC) structure, have
attracted many attentions due to their exceptional ductility, fracture toughness, and high
work hardening capability [9]. Gludovatz et al. had researched the mechanical properties
of CrMnFeCoNi HEA, the results show that it has better toughness and yield strength
than most pure metals and alloys, and has the comparable strength as structural ceramics,
closing to the strength of some bulk metallic glasses [10]. However, the HEA matrix alone,
especially the single-phase catalytic cracking structure, is not enough for engineering
applications at room temperature. For example, the single-faced CoCrFeNi HEA with an
FCC structure has a yield strength of only 155 MPa and a tensile strength of 472 MPa [11].
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As a result, Mo element is usually added to the single-phase CoCrFeNi FCC solid solution.
to obtain a combination of high strength and excellent ductility, for pursuit solid solution
strengthening and precipitation hardening. This is because the Mo atom has a large
atomic size for both solid solutions caused by the higher lattice distortion and precipitation
hardening [12,13]. Mo can promote the precipitation of hard and brittle (Cr,Mo)-rich σ and
(Mo,Cr)-rich µ phases in a FCC solid solution. It will increase the strength and hardness but
reduce the ductility [14]. When the molar ratio of Mo is beyond 0.3, it shows the emergence
of a dendritic structure and forms hard intermetallic phases with Co, Cr, Fe, and Ni
elements [15]. Liu et al. [11] had used a thermal calculation computer program to evaluate
the phase stability of a complex multi-component system and calculated the (CoCrFeNi)-
Mo pseudo-binary phase diagram. It suggests that with the increasing Mo element the
microstructures of the as-cast Mo0.2 and Mo0.3 alloys develop to a dendritic microstructure,
and Mo starts to segregate in the inter-dendritic areas in the as-cast Mo0.3 alloy showing
a mixed two-phase structure (FCC + σ). When the molar ratio is beyond 0.3, then three
phases (FCC+ σ + µ) form. The precipitation of these hard topologically close-packed (TCP)
phases (σ and µ) with a highly high hardness of 15 GPa has a substantial influence on
the mechanical properties of FeCoCrNi based high entropy alloys, which strongly affect
their tribological behavior as well [11,14]. Li et al. had studied the fracture performance
and fracture mechanism of CoCrFeNiMo0.2 high entropy alloy, revealing that the alloy
possesses a good damage tolerance at room temperature [16]. Besides, the study of fracture
mechanism shows that the boundary between the grain and intermetallic precipitation is
the weak part of the microporous nucleation, and the cracks mainly propagate along the
interface between grain boundary and precipitation particles. Niu et al. [17] investigated the
as-annealed FeCoCrNiMox high entropy alloys, revealing annealing treatment induces Mo
addition to be unstable, and the phase separation happens. Bae et al. studied cold rolling
and subsequent annealing treatment at different temperature of Co17.5Cr12.5Fe55Ni8Mo5
alloys, the structure is composed of FCC and µ phase, µ phase is the Mo-rich phase [18],
but the mechanical/wear properties is less probing. Deng et al. had investigated the
fraction of Mo on the wear resistance of FeCoCrNiMox (x = 0~0.3) HEAs made by spark
plasma sintering and cold rolling [19]. It had found that the wear resistance improves
continuously with the increase of Mo content in the range of x = 0~0.3. The revealing
of microstructure evolution in subsurface and near surface suggested that though some
partially tribo-oxidized wear debris formed the loosely agglomerated patches, the dominant
FCC solid solution failed to be tribo-oxidized. The direct metal/metal contact takes place.
However, this study did not further explore the Mo molar fraction beyond 0.3, in which
the hard-intermetallic precipitation forms. The excellent deformation ability makes the
CoCrFeNi be an ideal FCC solid solution for the strengthening of various intermetallic
compounds. The homogeneous precipitation of hard intermetallic particles is a powerful
method to strengthen the steel and alloys due to their resistance to gliding dislocations, and
the precipitation strengthening depends on the type, size, number density, and distribution
of the precipitated phase. Therefore, the tribological behaviors of Mox with Mo molar
fraction beyond 0.3 shall be studied to reveal the ideal elemental composition.

Mo is the σ/µ phase accelerating element. In order to obtain the FCC + σ + µ phase
structure, molybdenum is added as a variable element, trying to explore the influence of
the variation of σ/µ phase on the alloy structure and properties. This paper was designed
to investigate the effect of Mo element on the tribological behavior of Mox HEAs, where x
was in a much wider range of 0~1.5). It aims to find the optimal Mo content at which the
lower average friction coefficient and wear rate were simultaneously achieved. The effect of
Mo content on the microstructure, mechanical properties and friction and wear properties
of the HEAs alloys were also investigated in detail, and the anti-wear mechanism behind
the optimal chemical compositions was revealed.
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2. Materials and Methods

The CoCrFeNiMox (x = 0, 0.3, 0.5, 1, 1.5 in atomic proportion) alloys were prepared
by vacuum arc melting method melted in a water-cooled copper mold under high purity
argon atmosphere. For convenience, these prepared alloys are referred to as Mo0, Mo0.3,
Mo0.5, Mo1, and Mo1.5, respectively.

High purity elements (≥99.9 wt.%) were used as raw materials. The FeCoCrNiMox
ingots were remelted at least five times to improve the chemical homogenous distribution.
The microstructures, physical and mechanical properties of these as-cast samples were
characterized to evaluate the effect of Mo content on the microstructure and properties.

The friction and wear properties of the prepared Mox HEAs were evaluated using
a reciprocating tribometer (Rtec Co. Ltd., San Jose, CA, USA) with a configuration of
ball-on-plate. The schematic diagram of reciprocating ball-on-disc was shown in Figure 1.
Before the testing, the test surfaces of fabricated samples were ground by 200#, 600#, 1000#,
2000# SiC paper and polished with 3 µm suspension, the surfaces have a surface roughness
(Sa) of 0.034 µm, respectively. Then they were ultrasonically cleaned in alcohol. The YG
6 ceramic ball with a diameter of 5 mm and chemical composition of 94%WC and 6% Co
was used as the counter sliding surface. The test conditions were set as the applied load
of 20 N, duration of 40 min, a sliding stroke of 10 mm, reciprocating frequency of 5 HZ,
which slides a total distance of 240 m. To ensure repeatability, each test was repeated at
least three times. After tribological tests, the 3D surface profiles of the wear tracks on plates
were measured by the 3D profiler (Rtec Co. Ltd., San Jose, CA, USA).
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Figure 1. Schematic diagram of reciprocating ball-on-disc.

The structural features of HEAs were characterized by X-ray diffraction (XRD, UItima
IV, Rigaku, Tokyo, Japan) with Kα1 radiation at 40 kV/40 mA, scanning from 30 to 60◦

in 2θ at a scanning speed of 5◦/min. The microstructure was investigated by scanning
electron microscope (SEM, Phenom XL, The Netherlands) operated at 15 kV with an energy
dispersive spectrometer (EDS), and the Image Pro Plus software was used to measure the
fraction of the precipitate phases.

The hardness was measured on the polished specimens with a microhardness tester
(HXD-1000TMSC/LCD, Shanghai, China) at a load of 1.961 N and dwell time of 15 s. To
assure accuracy, each alloy was measured with at least 5 points for averaging.

The nanoindentation hardness tests were performed on the Nanoindenter (Nano
Indenter G200, Keysight Inc., Santa Rosa, CA, USA) with a Berkovich indenter at room
temperature, with a loading time of 15 s, hold time of 2 s, Poisson’s ratio of 0.28. The
allowable drift rate was set to 0.1 nm/s, and the surface approach velocity to 10 nm/s.
NanoSuite software (version 6.2, Santa Rosa, CA, USA) was used to set these parameters
and collect the results. The peak load of 10 mN is used to measure the hardness of the
different phases in the Mox HEA. An array of 10 × 10 indentation points was carried out
for each sample. Then SEM was used to image these points, from which qualified points
were selected.

The compression tests were performed using a cylinder specimen with the size of Ø
5 mm × 10 mm on an MTS E45.305 electronic universal material testing machine (MTS,
Shanghai, China) at a compression rate of 1 mm/min at room temperature. The surface of
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the test samples was polished down to a 2000-grit SiC paper to eliminate scratches. Each
compression test was repeated three times to ensure repeatability.

3. Results
3.1. Microstructure

Figure 2 is the XRD patterns of the as-cast Mox HEAs. It can be seen that all samples
have a basic FCC solid solution structure. It can be seen that at x = 0, the FeCoCrNi alloy
have a single FCC structure. Some XRD peaks belong to the σ phase appears when x ≥ 0.3.
When x ≥ 1, Mox alloys exhibits an FCC + σ + µ multiphase structure. Figure 3 presents
the corresponding SEM backscattering micrographs of the microstructure of these Mox
HEAs and the variation of volume fraction of the precipitates with the Mo molar ratio
was given in Figure 3f. Table 1 presents the chemical compositions of the different phases
in Mox measured by EDS, it revealed that a significant amount of Mo and Cr was in σ

phase due to their high molar ratio, especially for Mo1 and Mo1.5, the Mo: Fe molar ratio
reaches 1.64 and 2.28, respectively, and even higher molar ratio was in the bright µ phase.
Figure 4 presents the EDS results of the different phases (labeled as “*”) in Mox. For Mo0,
because the Fe (1.27 Å), Co (1.25 Å), Cr (1.27 Å), and Ni (1.24 Å) atoms have similar atomic
sizes, and there is no significant negative or positive atom pair mixing enthalpy between
each element atoms [20], therefore, it has a single FCC solid solution structure. The bulky
grains have an average diameter of 53 ± 15 µm. When the Mo molar ratio grows to 0.3,
the diffraction peak beside the FCC (111) was detected, in combination with the SEM
image in Figure 3b EDS analysis in Figure 4, this peak is belonging to the σ phase. Table 2
displayed the crystallite sizes and lattice parameters of σ/µ phases. The σ phase is indexed
as the tetragonal structure (a = 9.2443 Å, c = 4.7921 Å, c/a = 0.5183) and the σ phase is
indexed as the hexagonal structure (a = 3.5778 Å, c = 25.7538 Å, c/a = 7.1982). Further
detailed analysis in Figure 3b reveals that the fraction of the precipitates was estimated
to be about 3.2%. Such σ phase is usually hard and brittle, the existence of σ phase will
deteriorate the inter-grain embrittlement, which is normally deleterious to the mechanical
properties [21], but it could be beneficial to the abrasion resistance to some extent due to the
superior hardness [11]. When the Mo molar ratio continues to be increased, the secondary
phase precipitates more evidently in the Mo0.5 alloy, which includes the σ and µ phases, as
indicated in the inset of Figure 3c. The total volume fraction of the secondary phases was
estimated to be 14.8%, including the 12.1% σ and 2.7% µ phases. It was also noted that the
µ phase was formed on the fringes of the σ phase, which was reported that it was formed
through the transformation the σ phase during the solidification [14]. Figure 4 reveals
that the µ phase is rich in Mo and some Cr, and the σ phase in Cr and some Mo element.
It is obvious that the size and number of the secondary phase increase significantly for
Mo1 and Mo1.5, displaying more dendritic structure, 48% secondary phases including
25% σ and 23% µ was estimated for Mo1. With the Mo molar ratio being increased to 1.5,
and the secondary phase turns out to be µ phase dominantly with the diameter between
29–81 µm and the fraction of the secondary phase is estimated to be 77.5%. Mo1.5 alloy
exhibits more µ phase and less σ phase compared with Mo1 alloy, which is because the
excess molybdenum content makes for converting the σ phase into µ phase [14].

The lattice distortion was also introduced by the Mo addition. As shown in Figure 2,
the main diffraction peak for FCC (111) plane locates at 43.5◦ for x = 0. It deviates to 43.1◦

for x = 0.3, this is because the atomic radius of Mo (1.39 Å) is larger, compared with the
other four constitutional elements, the addition of Mo into the FCC solid solution will
cause pronounced lattice distortion. When the Mo molar ratio continues to increase, the
diffraction peak shows little change. This indicates that the content of Mo in the FCC solid
solution lattice reaches the saturation state.
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Table 1. Chemical composition of the different phases in the studied compounds (normalized
molar ratio).

HEAs Analyzed Area
Normalized Atomic Molar Ratio by Dividing the Fe Atoms

Fe Co Cr Ni Mo

Mo0 FCC solid solution 1 1.01 0.99 1.04 0

Mo0.3
FCC solid solution 1 0.99 0.88 1 0.31
σ 1 1.08 1.49 0.83 1.42

Mo0.5
FCC solid solution 1 0.98 0.84 1.09 0.47
σ 1 1.04 1.34 0.89 1.59

Mo1
FCC solid solution 1 1.05 0.85 1.16 0.8
σ 1 1.07 1.16 0.93 1.64
µ 1 1.12 1.12 0.95 1.94

Mo1.5
FCC solid solution 1 0.96 0.79 1.19 0.96
σ 1 1.05 1.01 0.96 2.28
µ 1 1.0 1.12 0.88 2.56

Table 2. The crystallite sizes and lattice parameters of σ/µ phases.

Phase Lattice Parameters Crystallite Size

σ phase a = 9.165 Å c = 4.739 Å c/a = 0.517 Å 16–33 µm
µ phase a = 4.757 Å c = 25.589 Å c/a = 5.379 Å 29–81 µm

3.2. Nanoindentation Results

Figure 5a presents the load-depth curves of the different phases in the HEA and SEM
images of these indents, please note that these indents were only some examples. The
calculated results were listed in Table 3. Firstly, 10 × 10 indents were conducted, then
they were imaged by SEM, from which qualified indents were selected. For example,
representative indents for σ, µ, and FCC solid solution were shown in Figure 5b. For the
FCC solid solution, it can be found that the Mo0.3–1.5 HEA has a similar load-depth curve,
indicating similar mechanical properties. Mo0 has a different load-depth curve, which
shows a larger depth than Mo0.3–1.5. This represents the Mo0 FCC solid solution has a
weak penetration resistance.
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Figure 5. (a) Load-depth curves for the FCC solid solution, σ and µ phases in the Mox HEA for the
maximum load of 10 mN and (b) a given SEM backscattering image of these indents for Mo1.

Table 3. The nano-hardness of the prepared materials in different phases.

Materials Hardness (GPa)

YG6 ball 20 ± 0.5
Mo0 FCC solid solution 3.8 ± 0.1

FCC solid solution for Mo0.3, Mo0.5, and Mo1.5 4.7 ± 0.2
σ phase 21 ± 1.2
µ phase 21 ± 1.7

Table 3 shows the nanohardness of the prepared Mox HEAs measured by nanoindenter.
A heavy load of 300 mN was applied to measure the global mechanical response of YG
6. It found that the counter YG6 ball has a hardness of 20 ± 0.5 GPa. Then a light load of
10 mN was used to measure the mechanical response of the separate phases in the Mox
HEA. From Figure 5 and Table 3, it can be found that the µ has a similar hardness to that
of the σ phase. They were also similar to that of YG 6 ball in hardness. The Mo-saturated
FCC solid solution for Mo0.3–1.5 has a hardness 0.9 GPa higher than that of Mo0 FCC solid
solution. The nanoindentation results prove that the mechanical strength of the matrix
strengthened by solid solution reaches the maximum when the molar ratio of Mo increases
to 0.3. Further increase in Mo molar ratio contributes little to the increase of mechanical
strength of the matrix, but it will increase volume fraction of the precipitated intermetallic.
This becomes the dominant factor in determining mechanical properties.

3.3. Mechanical Properties of Fabricated Mox

Figure 6a presents the compressive engineering stress–strain relationship and the
microhardness of the HEAs. A high load of 1.961 N was adopted to measure the micro-
hardness, therefore, it reflects the global mechanical response of the Mox HEA. The Mo0
presents low compressive yield stress of 207 MPa and hardness of 161.4 HV but shows
excellent ductility. When the Mo molar ratio increases to 0.5, with the intermetallic pre-
cipitated increasingly, the yield stress and hardness increase steadily, and the ductility
does not show pronounced deterioration. When the Mo molar ratio increases to 1, the
yield stress and hardness increase to 825 MPa and 550.2 HV, respectively, but the ductility
also shows an obvious decline. The fracture stress is 1822.4 MPa, in a strain of 11.4%.
The Mo1.5 presents an obvious brittle fracture nature with the fracture stress of 996 MPa
and hardness of 779 HV, not presenting any plastic deformation behavior. Such superior
hardness and inferior ductility might be due to the overly high fraction volume of the
precipitated intermetallic, as shown in Figure 3e,f.
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Figure 6. (a) Compressive engineering stress-strain curves of Mox high entropy alloys, in which the
photos of the cylindrical samples of Mox HEAs after compression tests were inset, and (b) Vickers
hardness, yield and compressive stress obtained from (a).

Figure 7 presents the SEM images of the fractured surface after compressive tests.
For Mo1, cracks in the particles are observed, indicating an inter-particle fracture. The
FCC solid solution presents a ductile fracture, surrounding the particles. The brittle
fracture in the particles becomes more evident for Mo1.5, presenting very little ductile
deformation. The crack mainly initiated along grain boundary/precipitate interfaces and
large intermetallic particles.
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compressive tests.

3.4. Tribological Behavior

Figure 8a shows the variation of friction coefficient with sliding distance for the Mox
HEAs, and Figure 8b shows the average friction coefficient. It can be observed that the Mo0
and Mo0.3 generate the highest friction coefficient at approximately 0.62, when sliding
against YG6 ball, followed by Mo1.5 at 0.45 and Mo0.5 at 0.39, the Mo1 shows the lower
friction coefficient at 0.35. The FeCoCrNi alloy is soft and during the wear process, the
more debris accumulated on the worn surface maybe increase the roughness of the worn
surface and increased the friction coefficient. The increase of the Mo additive increased the
hard secondary phase content and reduced the friction coefficients, it can be inferred that
the reciprocating wear resistance can be improved. From Figure 8b we can see Mo1 alloy
shows the lower average friction coefficient.
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Figure 8. (a) Evolution of friction coefficients with the sliding distance for the Mox HEAs in wear process after 240 m sliding
under 20 N at a speed of 0.1 m/s, (b) the average friction coefficient of Mox alloys.

3.5. Surface Profilometry

Figure 9a,b exhibit the 3D profilometry of the wear tracks after 240 m sliding wear
test under the load of 20 N at 0.1 m/s. The color change in the figure means the wear track
depth change as illustrated in Figure 9b. Mo0 alloy has a maximum depth of 209 µm and
a maximum width of 2140 µm. With the increase of Mo molar ratio, both the depth and
width of the wear track decreased till the molar ratio of Mo reaches 1.5, whose wear track
grows wider and deeper than that of Mo1. This indicates that Mo1 alloy has the lowest
depth and width among the tested HEAs, which shows the best wear resistance.
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Figure 9. (a) Representative 3D profilometry of the wear tracks for Mo1 and (b) the measured wear
track profiles for the wear tracks of samples with different Mo molar ratios.

Figure 10 shows the variation of volume wear loss, wear rate, and average surface
roughness (Sa) with the molar ratio of Mo. The volume loss is obtained by multiplying the
cross-sectional area of the wear track by the length of the wear track, the values of which is
averaged from at least three wear tests. The wear rate in this paper is calculated according
to Archard’s law: K= V/(F × L) [22]. The parameters of K, V, F, and L indicate the wear
rate, wear volume (mm3), applied load (N) and total sliding distance (m), respectively. The
trend of the volume loss confirmed the best wear resistance of Mo1 HEA. In addition, to
further enrich and accurately explore the wear resistance of the material, we also calculated
the wear rate of the Mox HEAs. As presented in Figure 10, the wear rate of Mox HEAs
shows the same trend as volume loss and Sa. The wear rate has a rapid decline in Mox
alloy, the wear rate of Mox alloy is about 8.5 × 10−5 mm3/(N·m). When the Mo molar
ratio increased up to 1, there is an obvious decreased trend in wear rate, declining to
8.25 × 10−6 mm3/(N·m). In this paper, the effect of Mo concentration on the wear behavior
of Mox HEAs is consistent with previous studies [13,23]. The roughness of the wear scar
is consistent with the amount of wear loss and the friction coefficients in Figure 9, which
shows that the stronger wear resistance of the material will result in a lower Sa, which then
leads to a lower friction coefficient.
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Figure 10. Volume loss, specific wear rates, and the average surface roughness (Sa) of wear scars for
Mox (x = 0, 0.3, 0.5, 1, 1.5) high entropy alloys.

Figure 11 presents the SEM images of the worn surface for Mo0, Mo0.3, Mo0.5, and
Mo1.5 after tribological tests, and Figure 12 shows the SEM images and EDS elemental
mapping of Mo1.0. From Figure 11 combined with Figure 12, it can be clearly seen that
the width of wear tracks reduces gradually with the Mo molar ratio in the range of 0 to 1,
then it increases from the Mo molar ratio of 1 to 1.5 with the Mo1 showing the narrowest
wear track. This trend agrees well with the one obtained from the profiles of wear tracks in
Figure 9. For the Mo0 HEA, as indicated in Table 3 and Figure 6, it has a low hardness of
3.8 GPa, yield stress of 207.4 MPa and superior ductility. In comparison, the YG6 possesses
a superior hardness of 20.1 GPa. Therefore, the hard YG6 asperities will severely plow and
deform the soft Mo0, making the Mo0 work-hardened and becomes increasingly brittle,
where the maximum shear stress will be generated at a certain depth below the surface [24].
When the accumulation of the plastic deformation at the subsurface exceeds the limit,
the cracks will initiate and propagate parallel to the surface, when the crack propagation
reaches the surface, it will delaminate from the wear surface [25]. For Mo0.3, the plow
grooves can still be observed across the wear track, the wide grooves with the width of
9.2 µm can be seen, which indicates that it was still plowed by the hard YG6 asperities.
Some compressed sheets were found to cover some areas of the wear track, indicating the
excellent ductility of Mo0.3. Therefore, the Mo0.3 suffers from the dominant micro-cut
wear and some adhesive wear. When the Mo molar ratio continues to increase to 0.5, the
micro-cut was identified to be the main wear mechanism, some micro-fatigue was also
observed with some peeling-off found. Such micro-cut was severely limited for the Mo1
HEA, which suffers from mild abrasive wear. When the molar ratio of Mo increases to 1.5,
the wear track becomes wider than that of Mo1 sample and was also distributed by the
voids and wear debris, as shown in Figure 11g,h. The formation of these voids is mainly
attributed to the micro-fracture mechanism. The hard asperities of YG6 indent the brittle
Mo1.5 causing the initiation of the cracks, which will propagate. Such fractures will detach
when the cracks propagate to the surface [26].

From Figure 12, it can be seen that a lot of secondary phases were detached from the
worn surface, and the FCC solid solution becomes smooth. Interfacial cracks between
the FCC solid solution and precipitate are observed, it is attributed to the difference of
plastic deformation of the two phases under the interfacial shear stress. Cracks in the
precipitate are also found, indicating the brittle fracture of the precipitate under heavy
normal stress [24]. It should be noted that the brittle fracture and grain pull-out of the
precipitates do not cause the large-scale mechanical damages on the worn surface, they
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were mainly limited to surface damage of around 10 µm diameter. Because the hard and
brittle precipitates were surrounded by the ductile FCC solid solution, the propagation of
the cracks into the FCC solid solution was prevented due to the excellent ductility of the
FCC solid solution.
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Figure 12. SEM EDS secondary electron images and elemental mapping of the wear track formed
on Mo1 HEA after 240 m sliding under 20 N, the red rectangular area was further magnified to its
right side.

3.6. Subsurface Characterization

Figure 13 shows the SEM images of the cross-sections of the wear tracks on HEAs,
and the work-hardening behavior of the Mo0.3 and Mo0.5 FCC solid solution. As for
the HEA without Mo, no obvious protective tribo-oxidation (glaze) layer on the wear
track is observed, further indicating the direct YG6 /HEA contact. Such a phenomenon
was mainly attributed to the strong oxidation resistance because of the massive Cr atoms.
Cracks propagation from the surface to subsurface is observed, indicating an early sign
of delamination wear. When the Mo molar ratio was increased to 0.3, a similar contact
surface to that of Mo0 was observed, only a few precipitates with diameters less than
3 µm at the top surface are found, whose diameter is pronouncedly smaller than the width
(about 9.2 µm) of the plowing grooves, as shown in Figure 11d, indicating the easy removal
of these particles through micro-cutting. As for the Mo0.5, the volume fraction of the
secondary phases increases slightly, which further reduces the wear rate, as shown in
Figure 9. but the amount of the hard phases is still too low, only a small fraction of the top
surface was occupied by the hard phase, furthermore, similar problems with the small size
of these precipitates is still present, as shown in the inset of Figure 13c. This makes a lot of
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the precipitates not work effectively to resist the wear. As for Mo1, the cross-sectional SEM
image in Figure 13d show that a large area of the contacting surface was occupied by the
precipitates, composed of both σ and µ precipitates. This indicates the majority of the load
was carried by the precipitates, which have superior elastic modulus and hardness. The
diameter of these precipitates is larger than those of Mo0.3 and Mo0.5, which indicates that
they cannot be removed off easily. But some pull-outs of the precipitates were observed,
the hard precipitation can resist the abrasion of the YG6 asperities, while the ductile FCC
solid solution increases the global ductility of the HEA. For Mo1.5, the contacting surface
was almost entirely covered with the hard and brittle precipitation, which indicates a major
carrier of the load; however, the inter-precipitate cracks can be seen prevalently on the top
surface and in the subsurface. The cracked precipitate on the top surface will be removed
off easily by the shear stress, causing severe wear of Mo1.5.
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Figure 13. The SEM images of the cross-sections of the wear tracks on high entropy alloys (HEAs), and the work-hardening
behavior of the Mo0.3 and Mo0.5 FCC solid solution, (a) for Mo0 alloy, (b) for Mo0.3 alloy, (c) for Mo0.5 alloy, (d) for Mo1
alloy, (e) for Mo1.5 alloy, (f) is the hardness of Mo0.3 and Mo0.5 alloy.
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Figure 13f shows the hardness evolution from the top surface to the depth of the
subsurface. It can be observed that obvious work hardening occurs, and the hardness of
the top surface increases to 7.7 GPa from 4.7 GPa. The Mo0.3 and Mo0.5 experience similar
work hardening behavior, indicating that the FCC solid solution undergoes similar plastic
deformation. The detailed microstructure of the subsurface was revealed by Deng et al. [19]
using FIB and STEM, it found that the subsurface can be divided into three layers: The
top layer is composed of very fine nano-grains, the medium layer is the transition region,
and the bottom layer belongs to the FCC solid solution. Thus, it can be concluded that the
highest hardness is due to the formation of nano-grains. These nano-grains are formed due
to the repeated plastic deformation of the FCC solid solution.

4. Discussion

Different from some metals, which can establish the wear-resistant glaze layer
through tribo-oxidation, agglomeration, and compaction of the wear debris in the sliding
process [27,28]. The tribo-oxidation of Mox HEAs is believed to play a weak role in the
wear resistance of Mox HEAs. From Figure 12, it can be postulated that the sliding surface
of Mox HEA suffers from weak oxidation. The intensity of the oxygen signal is weak except
for some small areas. The cross-sectional SEM images in Figure 13 also demonstrate that no
tribo-oxidation layers exist on the top sliding surfaces. This is mainly attributed to the high
Cr content in the FCC solid solution and precipitates. Deng et al. analyzed the subsurface
using FIB and STEM techniques, though they found that partially tribo-oxidation of wear
debris occurs and loosely agglomerated; however, the dominant FCC solid solution was not
oxidized [19]. Therefore, the direct sliding contact between hard YG6 and Mox dominates
in the entire sliding process, in which the hard precipitates play a critical role in the friction
and wear responses.

The global hardness of the Mox HEAs increases continuously with the Mo molar ratio,
as shown in Figure 6b, which is beneficial to the improvement of abrasion resistance. The
Nanoindentation results in Figure 5 suggest that the FCC solid solution is strengthened
when the Mo molar ratio is increased from 0 to 0.3, further increase in Mo will not further
strengthen the FCC solid solution due to the dissolution saturation of Mo. It will lead to
more precipitation of the hard intermetallic. The increased volume fraction of intermetallic
results in increased global hardness. Simultaneously, it will also increase the yield stress
as well from Mo0 to Mo1.0. These precipitations can work as obstacles to the movement
of dislocations [29], which also can reduce the plastic flow of the soft FCC solid solution.
However, it will deteriorate the ductility. Therefore, when the Mo molar ratio is increased
to 1.5, the HEA suffers from brittle fracture without any plastic deformation. This is mainly
due to the overly high-volume fraction (77.5%) of the intermetallic precipitates, which
severely break the continuity of the FCC solid solution, as shown in Figure 7. In this case,
the HEA is more prone to micro-fracture when subject to external stress, and the cracks
will propagate rapidly after its formation.

The Mo1 is verified to have the lower average friction coefficient and the highest wear
resistance for the relative sliding process among the tested HEAs. It is because the Mo1 has
the desirable combination of mechanical properties with the global hardness of 550 HV,
yield stress of 825 MPa, and a compression rate of 11.4% before fracture. This is mainly
attributed to the desirable size, volume fraction, and distribution of the hard-reinforcing
precipitation within the ductile FCC solid solution. Many wear-resistant composites
enhance their wear resistance by introducing secondary hard phases into the ductile matrix
material, such as ceramic particles strengthened high chromium white cast iron composite
castings used in mineral and cermet crushing industry [30], Al2O3 enhanced aluminum
for lightweight and wear-resistant transportation material [31]. It was usually found that
the wear resistance firstly improved with the increasing content of hard-secondary phases,
then declined when the volume fraction of the secondary phases exceeds a certain value.

Figure 14 presents the schematic diagram of the interactive behaviors between the
precipitates and YG6 asperities in the wear process under heavy normal and shear stress.
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Firstly, the ductile FCC solid solution encompassing the hard phase can support the hard
phase and distribute the normal and shear stress more uniformly, as shown in Figure 11
(asperity a). this could improve the load-bearing capability of the HEAs. The presence of
the hard phases also can improve the global hardness to reduce the penetration of the hard
asperities or abrasive particles [32], as shown in Figure 11 (asperity b). According to the
friction theory suggested by Bowden and Tabor [33], the frictional resistance originated
from two parts: One is the force to shear off the metallic junctions formed by adhesion
and welding at the interface and the other is the plowing force to displace the softer
metal from the path of the harder metal. The YG6 ceramic ball, composed of 94%WC
and 6% Co, shows a dissimilar chemical nature from the Mox HEAs, therefore, the role of
adhesion can be negligible and the plowing force becomes the dominant factor. With a high
fraction of the sliding surface occupied by hard precipitates, which present similar hardness
to that of YG6 (Table 3), the penetration of YG6 asperities into the HEAs was sensibly
resisted. This can markedly reduce the plowing force (friction force), Furthermore, the
structure that the soft FCC solid solution surrounding the hard phase can enable the hard
phase to move relatively freely, it could make the hard phase move downward to some
extent, when subject to heavy stress, this could reduce the probability of the micro-fracture.
However, these precipitates also experience some mechanical damages, mainly due to the
low toughness. They will fracture. When the interfacial bonding is weak, the precipitate
will also be pull-out by the shear stress (asperity f). these explain the continuous reduction
of friction coefficient as well as the wear caused by micro-cutting with the Mo element.
However, when the Mo molar ratio is too high, such as the volume fraction of 77.5% in
Mo1.5, the contacting surface is almost entirely covered by these brittle intermetallic, as
shown in Figure 13e. it changes into a significant hard phase-hard phase interaction. This
makes the hard and brittle secondary phase suffer from micro-fracture easily, resulting in
a higher friction coefficient and material removal rate. Furthermore, the precipitate also
works as hard obstacles to resist the plow by the hard asperities or abrasive particles in the
sliding, attributing to the superior hardness of 17 GPa. It could substantially reduce the
abrasive wear, especially micro-cutting, which is the dominant wear mechanism for Mo0,
Mo0.3, and Mo0. 5. Such claims are consistent with the results obtained by Deng et al. [19],
who reveals that Mo0-0.3 exhibited the same wear mechanisms.
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The analysis of the cross-sections reveals that the size of the hard precipitate also
plays a key role in the wear resistance. As shown in Figure 11f that the width of the
plowing groove is about 20 µm, if the diameter of the precipitate is smaller than 20 µm, the
precipitate will be plowed away along with the ductile FCC solid solution, as shown in
Figure 13c. Therefore, the diameter of the secondary phase shall be larger than 20 µm to
resist the severe abrasion of the counter YG6 asperities, which is achieved for Mo1 HEA.
This study explores the effect of Mo element in FeCoCrNiMox high-entropy alloys in the
mechanical properties and tribological behavior. It had provided some insights into the
tribological behaviors of the HEAs, which are applied in mechanical elements subjecting
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to relative motion. It will give the designers some enlightenment in the adjustment of
chemical composition and microstructure of HEAs to achieve the best wear resistance.

5. Conclusions

The FeCoCrNiMox (x = 0, 0.3, 0.5, 1, 1.5 in molar ratio) high entropy alloys were
fabricated by vacuum arc melting, and their microstructure, chemical composition, and
mechanical properties were characterized. The friction and wear properties of the pre-
pared alloys with the variation of Mo molar ratio were evaluated. We have explored the
differences in performance under different phase structures by regulating the changes in
molybdenum content, and have discovered FeCoCrNiMo1 alloy with excellent comprehen-
sive performance in application value. Some conclusions can be obtained as follows:

(1) The as-cast FeCoCrNiMo0 alloy has a simple FCC solid solutioned structure.
The volume fraction of precipitates increases continuously with the Mo content, and the
maximum value reaches 77.8% for FeCoCrNiMo1.5.

(2) The hardness of the FCC solid solution is strengthened when the Mo molar ratio
increases from 0 to 0.3, further increase of the Mo element results in little change of the FCC
solid solution hardness. However, the global hardness and yield stress of FeCoCrNiMox
increases with the Mo element continuously due to the increased precipitation of the hard
intermetallic. But the ductility deteriorates, and the FeCoCrNiMo1.5 HEA does not exhibit
any plastic deformation before compressive fracture.

(3) The FeCoCrNiMo1 alloy shows the lower average friction coefficient and wear
rate among the tested HEAs, due to the balanced achievement of strength and ductility.
When the Mo molar ratio is less than 1, severe micro-cutting and delamination wear was
the dominant wear mechanism. It changes to mild micro-cut with some micro-fatigue wear
for FeCoCrNiMo1, and transits to severe micro-cut and micro-fatigue wear for FeCoCrN-
iMo1.5.

(4) When the Mo molar ratio is increased to 1.5, the overly high-volume fraction and
brittle nature of µ precipitates are the causes for its higher wear rather than Mo1.
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Abstract: Ni–Co–P/Si3N4 composite coatings were fabricated over an aluminum–silicon (Al–Si) sub-
strate using a pulse-current electroplating process, in which the rapid deposition of an intermediate
nickel–cobalt layer was used to improve coating adhesion. The microstructure, mechanical, and
tribological behaviors of the electroplated Ni–Co–P/Si3N4 composite coating were characterized and
evaluated. The results revealed that the electroplated Ni–Co–P/Si3N4 composite coating primarily
consisted of highly crystalline Ni–Co sosoloid and P, and a volumetric concentration of 7.65% Si3N4.
The electroplated Ni–Co–P/Si3N4 composite coating exhibited hardness values almost two times
higher than the uncoated Al–Si substrate, which was comparable to hard chrome coatings. Under
lubricated and dry sliding conditions, the electroplated Ni–Co–P/Si3N4 composite coating showed
excellent anti-wear performance. Whether dry or lubricated with PAO and engine oil, the composite
coating showed minimum abrasive wear compared to the severe adhesive wear and abrasive wear
observed in the Al–Si substrate.

Keywords: silicon–aluminum alloy; electroposition; Ni–Co–P/Si3N4 composite coating; mechanical
strength; friction and wear

1. Introduction

Al–Si alloys are widely used in automotive machineries for the replacement of steel
and cast iron [1]. They are specifically available as a material for components such as
cylinder liners and compressor sliders that rub against ferrous counterparts. However,
those components made of aluminum-based material still suffer plastic flow, and thereby
delamination and adhesive wear, due to their inferior mechanical capability, which greatly
influences the reliability and service life of moving parts [2–4]. Nevertheless, the ever-
increasing demands for lightweight materials with extreme in-service conditions has led to
the strengthening of the surfaces of Al–Si alloys, with a specific wear resistance and desir-
able friction in order to inhibit adhesive wear and reduce delamination. Many efforts have
been dedicated to modifying the surface of aluminum alloys with electroplated composite
materials [5]. The deposition of tough composite coatings using the electroplating tech-
nique on aluminum alloys has been recognized as one effective approach for promoting its
surface hardening, damage tolerance, and associated wear-resistance when used in moving
components.

For tribological applications, the frictional behavior of nickel–phosphorus (Ni–P)-
based coatings has been mostly investigated under dry sliding conditions [6]. Additionally,
Ni–P based coatings have demonstrated desirable resistance to wear under lubricated
conditions, e.g., bio-oil, water, and engine oil [7–9]. In particular, by adding either hardening
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particles such as tungsten carbide (WC), silicon carbide (SiC), alumina (Al2O3), silicon
oxide (SiO2), and diamond, or lubricating ingredients such as tungsten sulfide (WS2),
molybdenum sulfide (MoS2), poly tetra fluoroethylene (PTFE), and metallic particles, Ni–
P-based coatings can possess superior tribological capabilities and thereby increase the
damage tolerance and endurance of mechanical parts subjected to tremendous wear and
tear, as compared with Ni–P coatings alone [10]. In particular, silicon nitride (Si3N4) is
often adopted as the hardening phase in the development of Ni–P composite coatings
due to its high mechanical strength, high hot hardness, and excellent wear resistance [11].
Furthermore, cobalt (Co) has been introduced as an additional element into the Ni–P
matrix, leading to a decrease in grain size and content of Ni–P [12]. The resulting Ni–Co–P
composite coatings demonstrated enhanced hardness, low friction, and improved wear
resistance [13]. This study aimed to investigate the mechanical and tribological properties
of electroplated composite coatings made of a nickel–cobalt–phosphorus (Ni–Co–P) matrix
and strengthening silicon nitride (Si3N4) particles, in referenced to Al–Si substrates. An
electroplated Ni–Co–P/Si3N4 composite coating was made using the electroplating process
under optimal conditions. As for the deposition of the protective coating over aluminum-
related substrates for protection against wear and corrosion, the adhesion between the
coating and substrate must be sufficiently high. For Al–Si substrates, this process always
displays rapid oxidation, which subsequently undermines the adhesive strength and service
reliability of electroplated Ni–Co–P/Si3N4 composite coatings over Al–Si alloy substrates.
In general, the electroplating of Ni–P coatings onto aluminum substrates involves complex
zincate or stannate pretreatments. To address this problem, a trial involving a rapid
deposition of a Ni–Co intermediate layer was performed to replace these complex pre-
cleaning steps.

2. Materials and Methods
2.1. Coating Deposition

A hypereutectic Al–Si alloy with dimensions of 39 mm × 14 mm × 3.6 mm was
applied as the substrate for electroplating the Ni–Co intermediate and Ni–Co–P/Si3N4
composite. Prior to depositing the Ni–Co intermediate interlayer over the Al–Si substrate,
the silicon–aluminum surface was degreased in a 5% aqueous solution of 50% sodium
carbonate (Na2CO3) and 50% trisodium phosphate (Na3PO4) at 60–70 ◦C for 5 min, and
then subjected to a pickling-activating treatment for 5 min using a chemical etching process
in an acidic bath containing 60–90 vol.% phosphoric acid (H3PO4), 5–15 vol.% nitric acid
(HNO3) and sodium fluoride (NaF) 140 g/L, and the remainder made up of up to 15 vol.%
water. Subsequently, a bright dipping solution of 20% HNO3 and 10% hydrogen fluoride
(HF) was further applied to improve the surface uniformity and conformity, followed by a
rinse with cool water.

Following this, the specimen was immersed in the electrolyte to deposit a Ni–Co
intermediate layer and a subsequent Ni–Co–P/Si3N4 composite layer. In the first plating
step, the specimen was immersed in a strike bath consisting of an aqueous solution of
240 g/L nickel chloride (NiCl2) and 60 g/L hydrochloric acid (HCl) [14], where the PH value
was 1–2. The bath was heated to 80 ◦C and the immersion time was about 1 min. A current
density of 30 mA·cm−2 was applied during electroplating of the Ni–Co intermediate layer.

The Ni–Co-coated parts were rinsed with cold running water and subsequently im-
mersed in a plating Ni–Co–P/Si3N4 bath. The electrolyte contained 250 g/L nickel sulfate
hexahydrate (NiSO4·6H2O), 40 g/L nickel chloride hexahydrate (NiCl2·6H2O), 30 g/L
boron acid (H3BO3), 0.2 g/L lauryl sodium sulfate (C12H25NaO4S), 0–120 g/L cobalt sulfate
heptahydrate (CoSO4·7H2O), and 20 g/L Si3N4 particles, where the PH value was adjusted
to be 4–5 by addition of sodium hydroxide. Analytical chemical and de-ionized water were
used to prepare the electrolyte. The Si3N4 nano-particulates with an averaged diameter of
20 nm were dispersed directly in the electrolyte. After electroplating, the Ni–Co–P/Si3N4
deposit was rinsed with flowing water and annealed at 400 ◦C for 2 h.

58



Metals 2022, 12, 120

During the electroplating process, the bath was magnetically stirred with a stirring
rate of 150 revolutions per minute (rpm). A nickel plate of 40 mm × 40 mm was used as
the anode, while the Al–Si specimen with the dimensions 39 mm × 14 mm × 3.6 mm was
used as the cathode to be plated. An applied current density of 5 A·dm−2 and a time of
30 min were set for deposition of the Ni–Co–P/Si3N4 composite coating. The electrolyte
temperature was kept at 50 ± 5 ◦C using a water bath. The PH value of the electrolyte
was adjusted at 3.5 using either a sodium hydroxide (NaOH) solution or dilute sulfuric
acid (H2SO4).

2.2. Materials Characterization

A field-emission scanning electron microscope (FE-SEM, FEI Apreo S, USA) was
applied to observe the cross-sectional morphologies of the Ni–Co–P/Si3N4 composite
coatings, and energy-dispersive X-ray spectroscopy (EDS) was used to determine the
chemical composition and Si distribution of the Ni–Co–P/Si3N4 composite coatings. An
electron probe microanalyzer (EPMA-1600, Shimadzu, Japan) was used to quantitatively
determine the volumetric concentration of the Si3N4 particles in the resulting Ni–Co–
P matrix.

The microstructures of the resulting Ni–Co–P/Si3N4 composite coatings were deter-
mined by X-ray diffraction (XRD) with a Cu source (λ = 0.15418 nm) at 2θ = 30–90◦ and a
scanning rate of 2θ = 5◦ min−1 with a 0.02 step size.

The microhardness of the Ni–Co–P/Si3N4 composite coatings was measured with a
MH-5-VM Vickers-hardness tester with a diamond pyramid indenter (Shanghai HengYi
Science and Technology Co, Ltd., Shanghai, China). The normal load was set to 10, 25 and
50 g, with a duration of 5 s. At least 11 points were measured on the coating specimen and
an averaged value of hardness was given. The adhesion strength between the resulting
composite coating and substrate was measured by means of a micro-scratching technique
(Anton Paar, Switzerland). A Rockwell diamond indenter with a radius of 0.2 mm and a
cone angle of 120◦ was applied. During each measurement, the load was progressively
increased to 60 N at a rate of 5 N/m, and the scratch distance was 5 mm. All the scratch
testing was conducted in atmospheric conditions.

The wear resistances of the Ni–Co–P/Si3N4 composite coatings sliding against a GCr15
steel ball (φ 6 mm) were measured on a CSM tribometer with a ball-on-disc configuration
(CSM Instruments Inc., Peseux, Switzerland). The sliding conditions involved a recipro-
cating amplitude of 5 mm, a normal load of 10 N, a frequency of 5 Hz, and a duration of
4000 s. All the frictional tests were performed under dry and lubricated conditions at room
temperature in air (a relative humidity 52–56%). Poly-Alfa-Olefine (PAO) and engine oil
were used for the lubricated conditions. Poly-Alfa-Olefine (PAO) has a kinematic viscosity
of 29.0–31.0 mm2/S at 40 ◦C and 5.7–6.0 mm2/S at 100 ◦C, respectively, as provided by the
Hao Runte Trading Co., Ltd in Beijing, China. The engine oil was 15W-40 CF-4, and was
purchased from the Great Wall Lubricant Corporation of China. The kinematic viscosity
of the 15W-40 CF-4 engine oil was 112.8 mm2/S at 40 ◦C and 15.28 mm2/S at 100 ◦C,
respectively. The friction coefficient was recorded automatically during the tests.

The anti-wear performance of the Ni–Co–P/Si3N4 composite coatings was estimated
from the specific wear rate. After the wear tests, the worn morphology was observed using
an Optical Microscope (Carl Zeiss AxioLab A1, Jena, Germany). The specific wear rate
of the coated and uncoated Al–Si specimens was calculated according to the equation,
W = V/DL, where W was the wear rate in mm3 N−1m−1, V was the wear volume loss in
mm3—which was determined by a MicroXAM-800 three-dimensional profilometer (KLA-
tencor, USA)—D was the total sliding distance in m, and L was the applied load in N.
This profiler was able to measure the two-dimensional profile of the wear tracks; the cross-
sectional area (s) of the wear tracks was accordingly figured out from the two-dimensional
profile collected. Thus, the material loss V of the wear tracks was calculated according to
the equation, V = s · A, where A represented a reciprocating amplitude of 5 mm.
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3. Results
3.1. Chemical Composition and Microstructure Characterization

Figure 1 illustrates the cross-sectional view of a Ni–Co–P/Si3N4 composite coating
over a silicon-aluminum substrate. This type of Ni–Co–P/Si3N4 composite coating is 16 µm
thick in total, as shown in Figure 1a. There appears to be no obvious contrast between
the intermediate Ni–Co layer and the upper Ni–Co–P/Si3N4 composite layer in Figure 1b.
Since the whole coating composition primarily consisted of nickel and cobalt elements,
which have similar atomic numbers, the two layers did not differ. A careful view was
given to the connection region between the adhesive Ni–Co intermediate and the Al–Si
substrate, but no defect-like cracking was visible. This microscopic characterization well
confirmed that rapid deposition of the Ni–Co intermediate layer greatly improved the
coating adhesion onto the Al–Si substrate.
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Figure 1. The cross-sectional view (a) of a Ni–Co–P/Si3N4 composite coating over a silicon aluminum
alloy, (b) a higher magnification view of selected area in (a).

However, the top Ni–Co–P/Si3N4 composite layer, intermediate Ni–Co layer, and
substrate were not so different from Figure 1. Accordingly, the elemental depth profiling
of the Ni–Co–P/Si3N4 composite coating over the Al–Si substrate is shown in Figure 2a;
above the Al–Si substrate was an intermediate layer of nickel and cobalt that improved the
growth and orientation of the subsequently deposited Ni–Co–P/Si3N4 composite layer,
where the thickness of the intermediate Ni–Co layer was around 5 µm, without any trace
of the P element. As for the thickness of the upper Ni–Co–P/Si3N4 composite layer, it was
about 10 µm thick, as shown in Figure 2a. The EDS analysis, as shown in Figure 2b, shows
the elemental composition of the Ni–Co–P/Si3N4 composite layer, including 59.26 wt.% Ni,
37.37 wt.% Co, and 3.37 wt.% P. Since the distribution of Si3N4 was not homogeneous and
its volumetric fraction was minimal within the electroplated Ni–Co–P matrix, the weight
concentration of the Si3N4 indicated by the SEM/EDS characterization is inaccurate and
not applicable for the determination of the exact number of Si3N4 particles.

60



Metals 2022, 12, 120Metals 2022, 11, x FOR PEER REVIEW 5 of 12 
 

 

 

Figure 2. Elemental depth profiling across a Ni–Co–P/Si3N4 composite coating over an Al–Si sub-

strate by EPMA (a) and elemental composition of a Ni–Co–P/Si3N4 composite coating over an Al–Si 

substrate by SEM/EDS (b). 

Consequently, EPMA was applied to measure the silicon element within the ROI re-

gion of the top layer. As shown in Figure 3a, the silicon mapping was obtained and pro-

cessed with 1.52a Image J software (National Institutes of Health (NIH). However, as in-

dicated in Figure 3b, an agglomeration of Si3N4 particles was present within the resulting 

Ni–Co–P/Si3N4 composite coating. In this study, the nano-sized Si3N4 particles were di-

rectly dispersed within the electrolyte, assisted by the ultrasonic process prior to electro-

plating; nevertheless, the electrolyte was just mechanically stirred with the magnetic stir-

rer during electroplating. Thus, a strong agglomeration trend of Si3N4 particles occurred 

due to their high activity. The volumetric fraction of Si3N4 particles is distinguished from 

the upper Ni–Co–P/Si3N4 composite layer in Figure 3b; by assuming that Si3N4 was the 

single hardening phase in the Ni–Co–P matrix, the volumetric fraction of the Si3N4 parti-

cles was calculated to be about 7.35%. 

 

Figure 3. EPMA/EDS mapping of the silicon element within the ROI region (a,b) and the corre-

sponding volumetric fraction of Si3N4 within the Ni–Co–P matrix after Image J processing (c). 

Figure 4 shows the XRD spectra of three electrodeposited Ni–Co–P/Si3N4 composite 

coatings prepared under the same conditions. This indicates there is no distinct difference 

in crystalline structure among the resulting three electrodeposited Ni–Co–P/Si3N4 compo-

site coatings. In this study, the weight concentration of the cobalt element was around 

37.37%; thus, Ni–Co–P/Si3N4 composite coatings are commonly regarded as a solution of 

cobalt and phosphorus alloying elements on a nickel base, which leads to lattice distortion 

[15–17]. As reported in the literature, the addition of Si3N4 to the resulting Ni–Co–P com-

posite coating reduces the hydrogen atoms, leading to defects in the lattice [18]. With the 

dispersion of Si3N4 in the electrolyte, the (111) peak becomes intense, which relates to the 

change in Co content in the composite coatings. This means the presence of Si3N4 particles 

facilitates the preferential deposition of Co in the composition coating [19]. Those aspects 

result in the lattice distortion of nickel.  

Figure 2. Elemental depth profiling across a Ni–Co–P/Si3N4 composite coating over an Al–Si
substrate by EPMA (a) and elemental composition of a Ni–Co–P/Si3N4 composite coating over an
Al–Si substrate by SEM/EDS (b).

Consequently, EPMA was applied to measure the silicon element within the ROI
region of the top layer. As shown in Figure 3a, the silicon mapping was obtained and
processed with 1.52a Image J software (National Institutes of Health (NIH). However,
as indicated in Figure 3b, an agglomeration of Si3N4 particles was present within the
resulting Ni–Co–P/Si3N4 composite coating. In this study, the nano-sized Si3N4 particles
were directly dispersed within the electrolyte, assisted by the ultrasonic process prior to
electroplating; nevertheless, the electrolyte was just mechanically stirred with the magnetic
stirrer during electroplating. Thus, a strong agglomeration trend of Si3N4 particles occurred
due to their high activity. The volumetric fraction of Si3N4 particles is distinguished from
the upper Ni–Co–P/Si3N4 composite layer in Figure 3b; by assuming that Si3N4 was the
single hardening phase in the Ni–Co–P matrix, the volumetric fraction of the Si3N4 particles
was calculated to be about 7.35%.
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Figure 3. EPMA/EDS mapping of the silicon element within the ROI region (a,b) and the correspond-
ing volumetric fraction of Si3N4 within the Ni–Co–P matrix after Image J processing (c).

Figure 4 shows the XRD spectra of three electrodeposited Ni–Co–P/Si3N4 composite
coatings prepared under the same conditions. This indicates there is no distinct difference in
crystalline structure among the resulting three electrodeposited Ni–Co–P/Si3N4 composite
coatings. In this study, the weight concentration of the cobalt element was around 37.37%;
thus, Ni–Co–P/Si3N4 composite coatings are commonly regarded as a solution of cobalt and
phosphorus alloying elements on a nickel base, which leads to lattice distortion [15–17]. As
reported in the literature, the addition of Si3N4 to the resulting Ni–Co–P composite coating
reduces the hydrogen atoms, leading to defects in the lattice [18]. With the dispersion of
Si3N4 in the electrolyte, the (111) peak becomes intense, which relates to the change in Co
content in the composite coatings. This means the presence of Si3N4 particles facilitates the
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preferential deposition of Co in the composition coating [19]. Those aspects result in the
lattice distortion of nickel.
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Figure 4. XRD pattern of three Ni–Co–P/Si3N4 composite specimens prepared under the same con-
ditions.

As shown in Figure 4, the three representative peaks corresponding to the (111), (200)
and (220) crystallographic planes of the Ni–Co solid solution were distinct. Among them,
the (111) crystal surface was very intense, which indicates a crystal orientation toward the
direction [111] during electroplating, which is assigned to the face-centered cubic (FCC)
crystals. In the FCC crystalline system, the surface energy of the (111) plane was lower than
that of the (220) plane, the (111) plane had a higher atomic density as compared with those
of the other two planes. Therefore, Ni and Co atoms would migrate from the higher energy
states of the (220) plane to the lower energy of the (111) plane during annealing; as a result,
the production of Ni–Co grains with random crystallographic orientations and textures
occurred, which is consistent with previously reported results [20,21]. In the case of the
(200) plane, its intensity remained constant—there were no significant changes in the grain
growth direction. Additionally, relatively lower diffraction peaks located at 41.7◦ and 46.6◦

were observable, which are reportedly assigned to stable a BCT-Ni3P phase that originates
from the dissolution of P into nickel grains, forming an intermetallic Ni3P precipitation [22].
It has been reported that such precipitation plays a strengthening role in anti-friction and
anti-wear [23]. Thus, the resulting composite coating involves a dominant FCC structure
mixed with a minor BCT-Ni3P phase.

3.2. Mechanical Properties

The micro-hardness of the Al–Si alloy and the Ni–Co–P/Si3N4 coated specimen was
221 ± 11 HV200g and 473 ± 24 HV200g, respectively. The results clearly reveal that the
resulting Ni–Co–P/Si3N4 composite coating exhibited a hardness value at least two times
higher that of the silicon aluminum substrate, which is comparable with existing data
from Ni–Co–P composite coatings [10]. Figure 5 shows the indented traces on the coated
specimen under different indentation loads. Ni–Co–P/Si3N4 composite coating does
not display obvious indentation-induced cracks and collapse. Thus, the Ni–Co–P/Si3N4
composite coating is tough and thus sustains a higher loading capacity.

62



Metals 2022, 12, 120Metals 2022, 11, x FOR PEER REVIEW 7 of 12 
 

 

 

Figure 5. Indentation track of the Ni–Co–P/Si3N4 composite coating. 

As for the mechanical strength of the Ni–Co–P/Si3N4 composite coating, it has been 

claimed to be due to both the matrix and to strengthening solids [24]. Solid particles gen-

erally play a strengthening role, supporting the matrix and resisting deformation. During 

the electroplating process, a considerable improvement in mechanical strength primarily 

results from grain nucleation and grain refining, owing to the dispersion of solid particles 

in metallic matrix [10]. In this study, phosphorus was involved, which resulted in the for-

mation of intermetallic Ni3P during the annealing process, thereby yielding a hardening 

effect due to precipitation [25]. Thus, the above-mentioned influential aspects were re-

sponsible for the comprehensive mechanical properties of the resulting Ni–Co–P/Si3N4 

composite coating in this study.  

The adhesion strength of the Ni–Co–P/Si3N4 composite coating over the Al–Si sub-

strate was measured by micro-scratching testing. As shown in Figure 6a, the adhesion 

strength was defined as the critical load of 37N for the resulting Ni–Co–P/Si3N4 composite 

coating, where a sudden drop in friction occurred. At this point, the whole coating was 

scratched off. Figure 6,c show an optical observation of the scratch track. Within the 

scratch trace, ploughs and deformation phenomenon were present, without observable 

cracking or fracturing—as shown in Figure 6b. However, some defects are visible in Fig-

ure 6c, at a magnification higher than that in Figure 6b. This implies that the densification 

of the Ni–Co–P/Si3N4 composite coating should be further improved. 

 

Figure 6. (a) The curve of friction and the corresponding friction coefficient versus the applied load 

during the scratching process, (b) Optical images of scratching tracks of the Ni–Co–P/Si3N4 compo-

site coating, (c) Optical image of the scratching tracks at a higher magnification than (b). 

  

Figure 5. Indentation track of the Ni–Co–P/Si3N4 composite coating.

As for the mechanical strength of the Ni–Co–P/Si3N4 composite coating, it has been
claimed to be due to both the matrix and to strengthening solids [24]. Solid particles
generally play a strengthening role, supporting the matrix and resisting deformation.
During the electroplating process, a considerable improvement in mechanical strength
primarily results from grain nucleation and grain refining, owing to the dispersion of solid
particles in metallic matrix [10]. In this study, phosphorus was involved, which resulted
in the formation of intermetallic Ni3P during the annealing process, thereby yielding a
hardening effect due to precipitation [25]. Thus, the above-mentioned influential aspects
were responsible for the comprehensive mechanical properties of the resulting Ni–Co–
P/Si3N4 composite coating in this study.

The adhesion strength of the Ni–Co–P/Si3N4 composite coating over the Al–Si sub-
strate was measured by micro-scratching testing. As shown in Figure 6a, the adhesion
strength was defined as the critical load of 37N for the resulting Ni–Co–P/Si3N4 composite
coating, where a sudden drop in friction occurred. At this point, the whole coating was
scratched off. Figure 6,c show an optical observation of the scratch track. Within the scratch
trace, ploughs and deformation phenomenon were present, without observable cracking
or fracturing—as shown in Figure 6b. However, some defects are visible in Figure 6c, at
a magnification higher than that in Figure 6b. This implies that the densification of the
Ni–Co–P/Si3N4 composite coating should be further improved.
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Figure 6. (a) The curve of friction and the corresponding friction coefficient versus the applied
load during the scratching process, (b) Optical images of scratching tracks of the Ni–Co–P/Si3N4

composite coating, (c) Optical image of the scratching tracks at a higher magnification than (b).

3.3. Tribological Properties of the Ni–Co–P/Si3N4 Composite Coating

The friction and wear behaviors of the Ni–Co–P/Si3N4 composite coating under dry
and lubricated conditions with PAO and engine oil were investigated to ascertain the
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suitability of surface hardening for moving components, in reference to the Al–Si substrate.
As shown in Figure 7a,b, under dry sliding, friction gradually increased for the Al–Si
substrate as sliding occurred, whereas the Ni–Co–P/Si3N4 composite coating exhibited
unexpected worse friction after running for 25 min—the friction coefficient even rose up to
0.7. When comparing the friction results of the samples lubricated with PAO and engine
oil, both the Al–Si substrate and Ni–Co–P/Si3N4 specimen demonstrated favorably stable
friction, with a friction coefficient of about 0.12.
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Figure 7. Variation of the friction curves with sliding time for the Al–Si substrate (a) and the Ni–Co–
P/Si3N4 composite coated specimen, under dry conditions and lubrication with PAO and engine
oil (b).

It is noted that, when the friction pairs were lubricated with engine oil, the friction
adversely displayed a considerable increase for the Al–Si substrate in Figure 7a. When
adopting PAO as the lubricant, a relative stable friction curve occurred for the Al–Si
substrate. This implies that the engine oil involved in this study was not compatible with
the Al–Si surface. For the Ni–Co–P/Si3N4 composite coating, when applying engine oil as
the lubricant, the friction coefficient further decreased, as shown in Figure 7b. Thus, the
presence of the Ni–Co–P/Si3N4 composite coating favored the reduction of friction.

In this study, a ball-on-flat reciprocating tribometer was adopted to measure the wear
loss. Figure 8 displays the specific wear rates of the Al–Si substrate and the Ni–Co–P/Si3N4
composite coating under different conditions. It was found that the Ni–Co–P/Si3N4
composite coating reduced wear significantly—by two levels of magnitude as compared
to the Al–Si substrate. When observing the wear results of the Al–Si substrate specimen
under dry and lubricated conditions in Figure 8a, when the PAO was present between
the rubbing contacts, a significant reduction of wear occurred. However, the presence of
engine oil did not function effectively to inhibit wear, adversely producing a worsening of
wear. The material loss of the Ni–Co–P/Si3N4 composite coating varied considerably in
different situations (Figure 8b), where relatively high wear occurred during dry sliding;
PAO performed very well, and applying engine oil caused a slight increase in wear as
compared to PAO. However, the role of Si3N4 in the tribological behavior of the resulting Ni–
Co–P composite coating is not investigated in this study. The existing literature has shown
that mixing hardening Si3N4 particles into a Ni–Co–P alloyed matrix greatly improves the
wear resistance of Ni–Co–P coatings [11,26]. Thus, addition of Si3N4 as a hardening phase
in alloyed Ni–Co–P coatings protects the Al–Si substrate from wear.
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Figure 8. Specific wear rates of Al–Si substrate (a) and (b) Ni–Co–P/Si3N4 composite coated speci-
mens under dry conditions and lubrication with PAO and engine oil.

The optical images in Figure 9 exhibit the topographical features of wear tracks at
100 times zoom, where the dimension of the wear tracks on electroplated Ni–Co–P/Si3N4
composite coating surfaces (Figure 9g–i) are observed to be much smaller and shallower
than those of the Al–Si substrate surface (Figure 9a–c), whether under dry conditions or
lubrication with PAO40 or engine oil. According to the topographical features of the worn
Al–Si substrate at higher magnifications of the corresponding wear tracks (Figure 9a–c), the
wear mechanisms were severe abrasive wear and deformation, regardless of the lubricating
conditions—as shown in Figure 9d–f—which is consistent with the reported tribological
characteristics of aluminum alloys in comparison to steel [27]. In comparison, the Ni–Co–
P/Si3N4 composite coating showed mild abrasive wear, with distinguishable wear tracks
parallel to the sliding direction in Figure 9j–l.

According to the specific wear rates in Figure 8, PAO was the best lubricant in this
study. When measuring the worn profile, the wear of the Ni–Co–P/Si3N4 composite
coatings was not readily measured. From the optical observation, some scratch traces are
visible in Figure 9h, which is due to the action of an occasional wear particle that became
entrapped between the sliding surfaces. Regarding the engine oil, it performed similarly
(Figure 9i) between the rubbing contacts.

As shown in Figure 10a, abrasive grooves were visible in the wear scars during dry
sliding. Material transfer appeared in the form of scatter debris and was later sheared to
the surrounding edges of the wear scar. In Figure 10d, the wear scar featured as grooves
and scratches without gross material transfer, typical of abrasion [28]. When applying PAO
as the lubrication medium, wear scars showed signs of mild abrasion with slight grooves,
with no lump generated (Figure 10b,e). As engine oil lubricated the rubbing contacts, the
wear track was characterized by mild abrasion, as shown in Figure 10c,f.
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4. Conclusions

The microstructure, mechanical, and tribological behaviors of Ni–Co–P/Si3N4 com-
posite coatings prepared using an electroplating process were reported in this study. The
rapid deposition of the Ni–Co intermediate layer made a significant contribution towards
the sufficiently high adhesion of the resulting Ni–Co–P/Si3N4 composite coating over the
Al–Si substrate. The presence of a Ni–Co–P/Si3N4 composite coating increased the sub-
strate hardness by at least two times. In particular, the Ni–Co–P/Si3N4 composite coating
demonstrated significant resistance to wear under both dry and lubricated conditions.

Author Contributions: Writing—original draft preparation, Z.L.; formal analysis, F.M.; investigation,
D.L. and G.G.; writing—review and editing, S.W.; supervision, F.M. and S.W.; project administration,
S.W. and L.G.; funding acquisition, G.Y. All authors have read and agreed to the published version of
the manuscript.

Funding: This research was funded by the Science Fund of State Key Laboratory of Engine Reliability
(No. SLER-201906), and also received support from the National Natural Science Foundation of
China (No. 51575505).

Data Availability Statement: Not applicated.

Conflicts of Interest: The authors have no known competing financial interest or personal relation-
ships that could have appeared to influence the work reported in this paper.

References
1. Tisza, M.; Czinege, I. Comparative study of the application of steels and aluminum in lightweight production of automotive

parts. Int. J. Lightweight Mater. Manuf. 2018, 1, 229–238.
2. Du, F.; Li, C.; Mi, Z.; Shen, Y.; Huang, R.; Han, X.; Dong, Y.; Xu, J. Anti-wear property of aluminum-silicon alloy treated by

chemical etching. Mech. Honing Laser Finish. Mater. 2019, 18, 1273. [CrossRef]
3. Sun, H.; Li, A.; Zhou, Y.; Liao, X.; Ge, D. Dry wear characteristics of machined ZL109 aluminum-silicon alloy surface under

unidirectional and reciprocating rolling-contact friction. Surf. Topogr. Metrol. Prop. 2019, 8, 015001. [CrossRef]
4. Osipov, V.N.; Fadin, Y.A.; Nikanorov, S.P. Wear and Coefficient of Friction of a Supermodified Hypereutectic Aluminum–Silicon

Alloy. Tech. Phys. 2020, 65, 1981–1986. [CrossRef]
5. Zhang, X.; Qin, J.; Das, M.K.; Hao, R.; Zhong, H.; Thueploy, A.; Limpanart, S.; Boonyongmaneerat, Y.; Ma, M.; Liu, R. Co-

electrodeposition of hard Ni-W/diamond nanocomposite coatings. Sci. Rep. 2016, 6, 22285. [CrossRef]
6. Kundu, S.; Das, S.K.; Sahoo, P. Friction and wear behavior of electroless Ni-P-W coating exposed to elevated temperature. Surf.

Interfaces 2019, 14, 192–207. [CrossRef]
7. Duari, S.; Mukhopadhyay, A.; Barman, T.K.; Sahoo, P. Study of wear and friction of chemically deposited Ni-P-W coating under

dry and lubricated condition. Surf. Interfaces 2017, 6, 177–189. [CrossRef]
8. Xu, Y.; Zheng, X.; Hu, X.; Yin, Y.; Lei, T. Preparation of the electroless Ni–P and Ni–Cu–P coatings on engine cylinder and their

tribological behaviors under bio-oil lubricated conditions. Surf. Coat. Technol. 2014, 258, 790–796. [CrossRef]
9. Liew, K.; Chia, S.; Kok, C.; Low, K. Evaluation on tribological design coatings of Al2O3, Ni–P–PTFE and MoS2 on aluminium

alloy 7075 under oil lubrication. Mater. Des. 2013, 48, 77–84. [CrossRef]
10. Lelevic, A.; Walsh, F.C. Electrodeposition of Ni P composite coatings: A review. Surf. Coat. Technol. 2019, 378, 124803. [CrossRef]
11. Matik, U. Structural and wear properties of heat-treated electroless Ni-P alloy and Ni-P-Si3N4 composite coatings on iron based

PM compacts. Surf. Coat. Technol. 2016, 302, 528–534. [CrossRef]
12. Sarkar, S.; Baranwal, R.K.; Lamichaney, S.; De, J.; Majumdar, G. Optimization of electroless Ni-Co-P coating with hardness as

response parameters: A computational approach. J. Tribol. 2018, 18, 81–96.
13. Shi, L.T.; Hu, J.; Fang, L.; Wu, F.; Xiao, X.L.; Meng, F.M. Effects of cobalt content on mechanical and corrosion properties of

electroless Ni-Co-P/TiN nanocomposite coatings. Mater. Corros. 2016, 67, 1034–1041. [CrossRef]
14. Mallory, G.O.; Hajdu, J.B. Electroless Plating, American Electroplaters and Surface Finishers Society, Orlando, Fla; AESF: New York, NY,

USA, 1990; pp. 196–201.
15. Ma, C.; Wang, S.C.; Wang, L.P.; Walsh, F.C.; Wood, R.J.K. The electrodeposition and characterization of low-friction and

wear-resistant Co-Ni-P coatings. Surf. Coat. Technol. 2013, 235, 495–505. [CrossRef]
16. Zhang, Y.; Kang, M.; Yao, L.; Mbugua, N.S.; Jin, M.; Zhu, J. Study on the Wear and Seawater Corrosion Resistance of Ni–Co–P

Alloy Coatings with Jet Electrodeposition in Different Jet Voltages and Temperatures of Plating Solution. Coatings 2020, 10, 639.
[CrossRef]

17. Ren, L.; Cheng, Y.; Wang, Q.; Yang, J. Study on the properties of Ni-W-P coating with PTFE co-deposition. Surf. Topogr. Metrol.
Prop. 2019, 7, 045009. [CrossRef]

67



Metals 2022, 12, 120

18. Humam, S.B.; Gyawali, G.; Joshi, B.; Kim, T.H.; Lee, S.W. Influence of WC and TaC particles on the microstructure and scratch
resistance of electrodeposited nickel-tungsten alloy. J. Alloys Compd. 2021, 893, 162371. [CrossRef]

19. Jiang, W.; Shen, L.D.; Xu, M.Y.; Wang, Z.W.; Tian, Z.J. Mechanical properties and corrosion resistance of Ni-Co-SiC composite
coatings by magnetic field-induced jet electrodeposition. J. Alloys Compd. 2019, 791, 847–855. [CrossRef]

20. Arora, S.; Kumari, N.; Srivastava, C. Microstructure and corrosion behavior of NiCo-Carbon nanotube composite coatings.
J. Alloys Compd. 2019, 801, 449–459. [CrossRef]

21. Karslioglu, R.; Akbulut, H. Comparison microstructure and sliding wear properties of nickel–cobalt/CNT composite coatings by
DC, PC and PRC current electrodeposition. Appl. Surf. Sci. 2015, 353, 615–627. [CrossRef]

22. Aliofkhazraei, M.; Aliofkhazraei, M.; Walsh, F.C. A review of electrodeposited Ni-Co alloy and composite coatings: Microstructure,
properties and applications. Surf. Coat. Technol. 2019, 372, 463–498. [CrossRef]

23. Karimzadeh, A.; Rouhaghdam, A.S.; Aliofkhazraei, M.; Miresmaeili, R. Sliding wear behavior of Ni–Co–P multilayer coatings
electrodeposited by pulse reverse method. Tribol. Int. 2020, 141, 105914. [CrossRef]

24. Ghavidel, N.; Allahkaram, S.R.; Naderi, R.; Barzegar, M.; Bakhshandeh, H. Corrosion and wear behavior of an electroless
Ni-P/nano-SiC coating on AZ31 Mg alloy obtained through environmentally-friendly conversion coating. Surf. Coat. Technol.
2020, 382, 125156. [CrossRef]

25. Wang, Q.; Callisti, M.; Greer, J.; McKay, B.; Milickovic, T.K.; Zoikis-Karathanasis, A.; Deligkiozi, I.; Polcar, T. Effect of annealing
temperature on microstructure, mechanical and tribological properties of nano-SiC reinforced Ni-P coatings. Wear 2016, 356–357,
86–93. [CrossRef]

26. Dhakal, D.R.; Kshetri, Y.K.; Gyawali, G.; Kim, T.-H.; Choi, J.-H.; Lee, S.W. Understanding the effect of Si3N4 nanoparticles on
wear resistance behavior of electroless Nickel-Phosphorus coating through structural investigation. Appl. Surf. Sci. 2020, 541,
148403. [CrossRef]

27. Decrozant-Triquenaux, J.; Pelcastre, L.; Prakash, B.; Hardell, J. Influence of lubrication, tool steel composition, and topography on
the high temperature tribological behavior of aluminum. Friction 2021, 9, 155–168. [CrossRef]

28. Peng, Y.; Xu, Y.; Geng, J.; Dearn, K.D.; Hu, X. Tribological assessment of coated piston ring-cylinder liner contacts under bio-oil
lubricated conditions. Tribol. Int. 2017, 107, 283–293. [CrossRef]

68



Citation: Dong, S.; Wang, W.; Gao, Y.;

Deng, G. Tribological Properties of

Different-Sized Black Phosphorus

Nanosheets as Water-Based

Lubrication Additives for

Steel/Titanium Alloy Wear Contact.

Metals 2022, 12, 288. https://doi.org/

10.3390/met12020288

Academic Editor: Michael

M. Khonsari

Received: 3 January 2022

Accepted: 30 January 2022

Published: 7 February 2022

Publisher’s Note: MDPI stays neutral

with regard to jurisdictional claims in

published maps and institutional affil-

iations.

Copyright: © 2022 by the authors.

Licensee MDPI, Basel, Switzerland.

This article is an open access article

distributed under the terms and

conditions of the Creative Commons

Attribution (CC BY) license (https://

creativecommons.org/licenses/by/

4.0/).

metals

Article

Tribological Properties of Different-Sized Black Phosphorus
Nanosheets as Water-Based Lubrication Additives for
Steel/Titanium Alloy Wear Contact
Shaowen Dong 1, Wei Wang 1,* , Yuan Gao 1 and Guanyu Deng 2,*

1 School of Metallurgy Engineering, Xi’an University of Architecture and Technology, Xi’an 710055, China;
15399057390@163.com (S.D.); yuan-gao@xauat.edu.cn (Y.G.)

2 School of Mechanical, Materials, Mechatronic and Biomedical Engineering, University of Wollongong,
Wollongong, NSW 2522, Australia

* Correspondence: gackmol@163.com (W.W.); gd577@uowmail.edu.au (G.D.)

Abstract: Titanium alloys are extensively used in the aerospace, chemical, and biomedical industries.
However, it has always been a challenge in the manufacturing and machining of titanium alloys
because they exhibit poor friction and wear characteristics, which results in serious problems and
significantly restricts their further production and application. Therefore, in the present study, the
wear contact between GCr15 steel and Ti6Al4V alloy is specifically studied by considering black
phosphorus nanosheets (BP-NS) as water-based lubrication additives, which is expected to have
a great potential application in manufacturing and machining titanium alloys. The influence of
BP nanosheet size on the coefficient of friction (COF) and wear rate of Ti6Al4V alloy has been
comprehensively studied, based on comparisons among adding large BP nanosheets (L-BP) (2–
4 µm), medium BP nanosheets (M-BP) (300–500 nm), and black phosphorus quantum dots (BPQDs)
(6–10 nm). Compared with ultrapure water, the COF and wear rate of Ti6Al4V alloy are reduced
by 42.4% and 82.3%, respectively, when BPQDs are used as water-based lubrication additives. This
paper also shows that a lower COF and wear rate is achieved with the addition of BPQDs than the
other two BP nanosheet sizes. Derived from the friction tests and worn surface analysis of Ti6Al4V
alloy, lubrication mechanisms of different-sized BP lubricants were proposed. The interlaminar
shearing between BP-NS and the adsorbed films were the main mechanisms for L-BP and M-BP
lubricants, while the adsorption, repair, and ball-bearing effects were mainly presented in the BPQD
lubricants. The discoveries in this paper would be beneficial to developing novel lubricants for the
manufacturing and machining of titanium alloys.

Keywords: titanium alloys; manufacturing and machining; black phosphorus; lubrication additives;
tribological properties

1. Introduction

Titanium alloys are extensively used in aerospace, chemical, and military industries
due to their high strength, favorable corrosion resistance, and better high-temperature
properties [1–4]. Nevertheless, titanium and titanium alloy are a typical difficult-to-cut
metal, due to high processing temperature and chemical activity, low deformation coef-
ficient, and elastic modulus during processing, which faults limited further application
of titanium alloy in the precision parts of the aviation industry [5–7]. Therefore, it is very
important to enhance the workability of titanium and titanium alloys. To solve the prob-
lems of titanium alloy machining, adding lubrication additives are often used. In view of
the difficulties of titanium alloy processing, traditional metalworking fluids are difficult
to lubricate effectively during the processing process of titanium alloy [8–11]. In recent
years, water-based lubricants have been broadly applied in the metalworking due to their
stable chemical properties, high extreme pressure, anti-wear properties, and good cooling
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capacity. Several studies have shown that adding nanomaterials into water is an effectively
methods to improve the lubrication properties [12–14].

The special physical and chemical properties of the nanomaterials have attracted
widespread attention in lubrication additives fields [15–17]. The nanomaterials dispersed
into the lubrication fluid could enter into the frictional area and form the lubrication
film on the surface of metals due to their small sizes [18,19]. Black Phosphorus (BP), as
an emerging two-dimensional material, is often used in optical, electrical, and mechanical
fields [20,21]. At present, in the area of macroscopic and microscopic tribology, the tribo-
logical behaviors of BP-NS as lubrication materials have also attracted the attention of
researchers. In our previous investigations, compared with traditional two-dimensional
materials (Graphene, Molybdenum Disulfide), BP-NS as n-Hexadecane (16C)-based lubri-
cation additives presented excellent wear resistance [22]. Wang et al. used NaOH-modified
BP-NS as a lubrication additive and achieved super-lubricity. The reason is that during
the sliding process, the BP-OH nanosheets in the silica gel layer formed by hydrolysis
reactions, because the water layer is attached to the BP-OH nanosheets through hydrogen
bonds, thus obtaining strong super-lubricity [23]. Wu et al. [24] clearly observed that the
frictional force at the degradation area of BP-NS was reduced by about 50% with an atomic
force microscope. BPQDs, another zero-dimensional nanomaterial of BP, as water-based
lubrication additives, could demonstrate tremendous potential due to the uniform size and
good water dispersion. The BPQDs prepared by Ren can be stably dispersed in an aqueous
solution of glycol, while achieving macroscopic super-lubricity at a contact pressure of
336 mpa (µ, 0.002) [25]. Tang et al. [26] added BPQDs to triethanolamine aqueous solutions,
and the results showed that BPQDs lubrication additives exhibited significant anti-friction
and anti-wear properties even at ultra-low concentrations (0.005 wt.%). Seminal works
have demonstrated that BP-NS and BPQDs have excellent lubrication performance as
lubrication additives.

The focus of this research is the tribological properties of different-sized BP-NS as
lubrication additives for the GCr15/Ti6Al4V alloy contact. The BP-NS were thoroughly
analyzed for morphology, structure and composition using microscopic and spectroscopic
techniques. Lubrication mechanisms were discussed and analyzed by tribological tests and
wear surface analysis. This study describes the potential novel applications for different-
sized BP-NS as water-based lubrication additives.

2. Experimental
2.1. Materials

Red phosphorus (RP) (99.999%, Guangzhou Chemical Reagent Factory, Guangzhou,
China), N-methylpyrrolidone (NMP) (≥99.5%, Aladdin reagent factory, Shanghai, China),
and anhydrous ethanol (≥99.7%) were used as raw materials. All reagents did not require
further purification unless otherwise stated. Ultrapure water with an electrical resistivity
of about 18.25 MΩ·cm was used.

2.2. Preparation of Different-Sized BP-NS as Lubrication Additives

As shown in Figure 1, different-sized BP-NS as lubrication additives were prepared by
high-energy ball milling (HEBM) and sample exfoliation methods. The mass ratio of Gcr15
ball (Φ 10 mm, Φ 6 mm) to red phosphorus, ball milling time, and rotation speed are 50:1,
1 h, and 1000 rpm. The final BP powders were collected and stored in an argon glove box.

The preparation method of L-BP is as follows. The BP powders were dispersed into
NMP and sonicated in an ice bath for 8 h. The ultrasonic black solutions were centrifuged at
3500 rpm for 15 min and collected. The obtained precipitates were washed three times using
alcohol and ultrapure water. Similarly, the black solutions were centrifuged at 3000 rpm to
obtain the supernatant and then centrifuged at 7500 rpm for 25 min to obtained M-BP.
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The preparation method of BPQDs is as follows. The BP powders were dispersed
into NMP and sonicated with a probe sonicator for 3 h, followed by ice bath sonication
for 8 h. The black solutions were centrifuged at 3500 rpm for 15 min and 7500 rpm for
25 min to obtain the supernatant, and finally centrifuged at 11,000 rpm for 30 min to collect
the precipitation. After washing precipitates, the BPQDs were obtained by the vacuum
freeze dryer.

The obtained L-BP, M-BP, and BPQDs powder were dispersed into the ultrapure water
with the concentrations of 0.025, 0.05, 0.075, and 0.1 wt.% by ultrasonication for 1 h.

2.3. Characterization

The phase structures of L-BP, M-BP, and BPQDs were analyzed by X-ray diffraction
(XRD, Bruker D8) (BRUKER, Billerica, USA) and a Raman spectrometer (Raman, Horiba
Scientific LabRAM HR Evolution) (HORIBA Scientific, Kyoto, Japan). A scanning electron
microscope (SEM, Zeiss Sigma 300) (Zeiss, Oberkochen, German) with an energy dispersive
spectrometer (EDS) (Zeiss, Oberkochen, German) were used to observe the micromorphol-
ogy and size distribution of the BP and RP powders. The microscopic morphologies of
BPQDs, L-BP, and M-BP were further characterized by a transmission electron microscope
(TEM, FEI Talos F200i) (FEI Company, Hillsboro, OR, USA). The wear surfaces of the steel
ball and Ti6Al4V disc were analyzed by SEM and EDS. The wear scar profile and wear
volume were measured with the 3D scanning profiler. Finally, the element composition
of wear track is examined by Raman scattering and an X-ray photoelectron spectroscopy
(XPS, PHI). (ULVAC-PHI, Kyoto, Japan)

2.4. Tribological Tests

The tribological properties of GCr15/Ti6Al4V with ultrapure water and the lubrication
additives were studied by ball-on-disc tribo-tester (UMT-5, CETR Corporation) at room
temperature. The upper sample is a GCr15 steel ball (Φ 6 mm) and the surface roughness
(Ra) is about 18.5 nm. The lower sample is the Ti6Al4V disc (ø 24 mm × 7 mm). The
samples were standard samples and the chemical composition is shown in Tables 1 and 2.
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Table 1. The chemical composition of the Ti6Al4V disc.

Component Al V Fe Ti

Percentage (wt.%) 6.59 4.77 0.035 Bal

Table 2. The chemical composition of the Gcr15 ball.

Component C Si Mn Cr Fe

Percentage (wt.%) 0.95–1.05 0.15–0.35 0.25–0.4 1.40–1.65 Bal

The tribological tests were performed for 30 min. The radius of rotation, the rotation
speed, and the loads were 3.5 mm, 150 r/min, and 8 N–15 N, respectively. All tests were
duplicated five times under each condition to confirm the reproducibility of the results.
After tests, the ball and disc were cleaned and dried. The wear rate is calculated using
this formula:

V =

(
πl
6

)(
3d2

4
+ l2

)
(1)

l = r−
√

r2 − d2

4
(2)

W =
V

P·S (3)

where W, V (mm3), S (m), r (mm), d (mm), l (mm), and P (N) represent the wear rate, wear
volume, sliding distance, ball radius (3 mm), wear diameter, wear height, and load of the
balls, respectively. The wear diameter is measured by SEM.

3. Results and Discussion
3.1. Characterization and Analysis of the Initial BP Powders

XRD patterns of RP and BP powders are shown in Figure 2a. The RP powders have
two characteristic peaks at 2θ = 30 and 55◦, corresponding to the amorphous RP. After
HEBM for 2 h, two broad characteristic peaks were changed into 2θ = 26.5◦ (020), 35.0◦

(021), and 56.0◦ (111) diffraction peaks, indicating that the BP powder has a standard
orthogonal structure (JCPDS Card NO.76-1957) and RP has been converted to BP by HEBM
process. In addition, the results of Raman spectroscopy proved the transfer of RP to BP
powder (Figure 2b). After the 2 h HEBM process, the characteristic peak of RP at 305 cm−1

disappeared and three sharp characteristic peaks appeared in BP, corresponding to the A1
g,

B2
g, and A2

g vibrational modes. Figure 2c reflects that the size of the prepared BP powder
is between 200 nm and 3 µm. According to EDS analysis, the mass ratio of P is 95.96 wt.%
and the mass ratio of O is 4.04 wt.%; moreover, it can be seen from the EDS analysis that
the brown image has a lot of P element content, while the oxygen element content is less,
indicating that the prepared black phosphorus has a lower degree of oxidation.
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3.2. Characterization of Different-Sized BP-NS

The characteristics of L-BP, M-BP, and BPQDs are shown in Figure 3, which indicted
that XRD patterns of different-sized BP-NS correspond to the characteristic peaks of the BP
powders, and these results are similar to BP orthorhombic crystals (JCPDS No. 74-1878).
The diffractive peaks of the L-BP, M-BP, and BPQDs are clearer than that of the BP powders.
The blue shift occurred on the (111) plane, indicating that different-sized BP-NS have better
crystallinity. The figure of the Raman spectrum (Figure 3c) reveals that the diffractive
peaks correspond well to the characteristic peaks of A1

g, B2
g, and A2

g in the BP powders.
Compared with the diffractive peaks of the BP powders, the diffractive peaks of L-BP, M-BP,
and BPQDs have a significant blue shift due to mini-size and functional groups. Especially
for the BPQDs samples, the characteristic peaks of A1

g, B2
g and A2

g are blue-shifted by 1.9,
3.4, and 2.1 cm−1, respectively.

To further analyze the chemical composition and states of the different-sized BP-NS,
FTIR spectroscopic were performed. As shown in Figure 3d, the characteristic peaks of 2908,
1637, 1153, and 1002 cm−1 of different-sized BP-NS can ascribe the stretching vibrations of
-OH, C=O, P=O, and P-O. The above peaks are the absorption of H2O, CO2, and the surface
oxidation of BP samples. Due to the smaller volume and the larger volume of functional
groups of BPQDs, the intensity of the peaks of -OH and C=O in the spectra of BPQDs are
much sharper than that in the spectra of L-BP and M-BP. The abundant oxygen-containing
groups give the BPQDs good dispersion stability in water.

In order to further analyze the phase structures and morphologies of different-sized
BP-NS, transmission electron microscopy (TEM) was adopted (Figure 4). As shown in
Figure 4, different-sized BP-NS, with sizes of about 2–4 µm (L-BP), 300–500 nm (M-BP), and
6–10 nm (BPQDs), were successfully prepared. Figure 4c,f,i reflects the HR-TEM images
and SAED patterns of different-sized BP-NS. The lattice spacing of L-BP and M-BP is about
0.254 nm, corresponding to the (111) plane of BP. The lattice spacing of BPQDs is about
0.21 nm, corresponding to the (020) plane of BP. From the SAED patterns, it means that the
different-sized BP-NS have well-defined diffraction rings, which clearly reflects the good
crystallinity of the different-sized BP-NS.
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3.3. Tribological Performances

Figure 5a shows the COFs of ultrapure water and different-sized BP-NS as water-based
lubrication additives. Compared with ultrapure water, the COFs of lubricants of different-
sized BP-NS showed different degrees of reduction. Obviously, the COFs of 0.075 wt.%
BPQD lubricants were more stable. The COFs of ultrapure water were firstly increased
and then fluctuated over time. The average COF of ultrapure water is about 0.3252. At the
time of 17 min, the COF of pure water was increased rapidly until the end of the frictional
test. The reason is that during friction and wear, the water film was broken. It leads to
the increase of the COF. After adding L-BP and M-BP into ultrapure water, the initial
COFs were dropped rapidly and then remained at a stable value. When the small-sized
BPQDs is added, in the initial stage, the COFs were lower and stable, indicating that the
small-sized BPQDs could quickly enter the friction area and maintain stability. Figure 5b
reflects the average COFs and wear rates of ultrapure water and lubricants of different-sized
BP-NS. Obviously, L-BP, M-BP, and BPQDs are effective lubrication additives to reduce
friction and wear. Compared with ultrapure water, adding 0.075 wt.% BPQDs lubrication
additive could reduce COFs from 0.3252 to 0.1870, and the wear rates were decreased from
5.83× 10−6 mm3 to 1.03× 10−6 mm3 (Nm)−1. The results show that the small-sized BPQDs
present excellent wear resistance and can greatly decreased the COF and wear rate.
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Figure 5. (a) COF versus sliding time. (b) Average COF and wear rate for the ultrapure water and
different-sized BP-NS lubricants (0.075 wt.%, 10 N).

The concentration of the lubrication additives has great effect on their lubrication
performance; therefore, the effects of the concentrations of the nano-additives on tribological
properties were investigated. The COFs and wear rates of different concentrations of BPQD
lubricants at the load of 10 N were reflected in Figure 6. As the BPQDs concentration
increased, the changes of COF and wear rate show a trend of first decreasing and then
increasing. As the concentration of BPQDs lubricating additive increased from 0.00 wt.%
to 0.075 wt.%, the COF and wear rate decreased rapidly. The concentration of BPQDs
lubricating additive increased from 0.075 to 0.1 wt.%, which may be due to the high
concentration of BPQDs, which leads to particle aggregation, thus increasing the COFs and
wear rates [27–30].
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Figure 6. Average COFs and wear rates as a function of BPQDs concentration as water-based
lubrication additives (10 N, 150 r/min, 0.5 h).

The tribological properties of different-sized BP-NS under different loads were inves-
tigated, as shown in Figure 7a. For ultrapure water, the COFs of L-BP and M-BP were
decreased with increasing load. When the loads were increased from 10 N to 15 N, the
average COFs of BPQDs increased slightly, although they were still lower than that of
other lubrication additives. The reason is that because BPQDs lubrication additives achieve
optimal tribological properties at 10 N, when the load increases, the wear rate and friction
coefficient increase, which shows that BPQDs lubrication additives are in a boundary
lubrication state at high load bearing, resulting in high friction and wear. Figure 7b shows
the wear rates of different-sized BP-NS as water-based lubrication additives with different
loads. It is not hard to see that the trend of change of wear rates closely resembled COFs’.
Combined with the characteristics of COFs (Figure 5a) of different lubrication additives,
it means that the short running-in time could lead to lower wear rates. In contrast, the
wear rate is high due to the initial instability of the COFs during the friction process. The
survey reflected that adding BP-NS into ultrapure water can reduce COF and wear rate.
The BPQDs with small sizes have the best tribological properties.
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3.4. Worn Surface Analysis

The wear scar and wear spots lubricated by ultrapure water and lubricants of different-
sized BP-NS are reflected in SEM (Figure 8). From the Figure 8a–d, it reflects that the
ground spots are oval on the surface of the GCr15 ball. This can be explained that elliptical
spots will be formed due to the differential hardness between the ball and the disc [31]. For
ultrapure water and different-sized BP-NS, ultrapure water has the widest wear scar of
949 µm. Figure 8(a2) shows that there are pits on the surface of the disc. After adding L-BP
lubrication additives, the wear scar becomes shallower and the wear area becomes smaller.
The serious furrow phenomenon was also happened. After adding M-BP lubrication
additives, the width of the wear scar became narrower and the wear area became smaller,
indicating that the M-BP exhibits better tribological properties at a load of 10 N. In sharp
contrast, the scratches of the BPQD lubricants were observed to be the shallowest. Due to
the small size effect, BPQDs are more likely to enter the friction contact area and undergo
tribological chemical reactions, thereby reducing wear. The survey reflects that the smaller
the nanosheets sizes can be obtained, the better tribological properties can be demonstrated.
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Figure 8. SEM images of worn surface of steel balls and the Ti6Al4V disc lubricated by ultrapure
water (a,a1,a2), L-BP (b,b1,b2), M-BP (c,c1,c2), and BPQDs (d,d1,d2) (10 N, 150 rpm, 0.075 wt.%).

The EDS spectra of worn surface of Ti6Al4V disc lubricated by ultrapure water and
lubricants of different-sized BP-NS are shown in Figure 9. The uniform distributions of
Ti and Fe were presented on the wear scar obtained by ultrapure water. Besides these
elements, the P element was found at the location of wear scars obtained by L-BP, M-BP,
and BPQD lubricants, which means that the adsorption film was formed on the surface of
the Ti6Al4V disc. It can be seen from the element content that when using BPQD lubricant,
the P content on the surface of Ti6Al4V is up to 0.67 wt.%. This further illustrates that
BPQDs can effectively enter the friction contact area to prevent direct contact between the
upper and lower samples, thereby reducing friction and wear.

Figure 10 shows a 3D image depth map of the surface wear scars of a Ti6Al4V disc
using different lubrication additives. As shown in Figure 10a, the maximum wear amount of
ultrapure water is 0.467 mm3, and the wear is relatively large, indicating that the lubrication
ability of pure water is poor and corrosion wear occurs during friction. As can be seen from
Figure 10b, when using L-BP lubricants, the depth of the wear scar is uneven, indicating
the creation of deep grooves, resulting in an increase in wear. Using the M-BP lubricant in
Figure 10c, the condition improved slightly, with flat wear scars and less wear. In contrast,
using BPQD lubricants, the wear scars of the Ti6Al4V disc have the shallowest wear scars
and the narrowest width, with a minimum wear volume of 0.233 mm3 (Figure 10d).
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3.5. Lubrication Mechanism of the Lubrication Additives

In order to obtain the lubrication mechanisms of the different-sized BP-NS lubricants,
Raman and XPS analysis was adopted. From the Raman spectra of Figure 11(a1–c1), the
presence of L-BP, M-BP, and BPQDs has been confirmed by the characteristic peaks around
360 cm−1, 430 cm−1, and 460 cm−1 [32]. The survey indicates that an adsorption film
is formed on the surface of Ti6Al4V, which has a protective effect on its surface. From
Figure 11(a3–c3), it can indicate that the application of different lubricants produced TiO2
and Al2O3, as can be perceived from the O1s peaks at 530.2 eV and 532.38 eV [33–35].
Additionally, from Figure 11(a4–c4), it can be seen that phosphorus oxides are produced on
the friction surface [36]. However, when using BPQDs’ lubrication additive, in addition
to the above peaks, the GCr15 balls was oxidized to Fe2O3, which can be proved by the
peak of 531.07 eV in the O1s spectrum in Figure 11(c3) [37]. Additionally, in Figure 11(c4),
in addition to phosphorus oxides (133.38 eV), the 131.18 eV peak is derived from phos-
phate [26,36]. It can be inferred that the BPQDs lubrication additive have tribo-chemical
reaction on the surface of Ti6Al4V disc and formed a tribo-chemical reaction film consisting
of Fe2O3, Al2O3, TiO2, phosphorus oxides, and phosphate on the wear surface.
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where Wy and μe are the load (10 N) and sliding speed (64 mm/s), respectively, E’ repre-
sents the modulus of elasticity (162 GPa), and R’ represents the radius of ball (3 mm). 
Using the equation, the hmin is 7.6 nm. The calculated value of the λ is 0.166, which is less 
than 1, which explains that the lubrication condition is boundary lubrication. The tribo-
logical properties of the boundary lubrication are the interaction between the lubricant 
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The ratio of the film thickness (hmin) to the surface roughness (Rq) of the lubricated
surface is used to determine the lubrication state of the frictional process, calculated as
follows [38,39]:

λ =
hmin

Rq
(4)

hmin = 2.8R′
( ηµe

E′R′
)0.65

(
Wy

E′R′2

)−0.21
(5)
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Rq =
√

R2
ball + R2

disc (6)

where Wy and µe are the load (10 N) and sliding speed (64 mm/s), respectively, E’ represents
the modulus of elasticity (162 GPa), and R’ represents the radius of ball (3 mm). Using
the equation, the hmin is 7.6 nm. The calculated value of the λ is 0.166, which is less than
1, which explains that the lubrication condition is boundary lubrication. The tribological
properties of the boundary lubrication are the interaction between the lubricant and the
friction surface and the characteristic of the generating boundary lubrication film [40].
Therefore, the addition of lubricating additives into ultrapure water is an effective method
to improve lubrication in metalworking.

By analyzing on the results of the surface of the wear scar, the lubrication mechanisms
of the different-sized of BP-NS lubricants are proposed (Figure 12). According to XPS and
Raman results, the tribological layers including the adsorption film of black phosphorus
and the tribo-chemical film were produced on the surface of a Ti6Al4V titanium alloy
during the friction process. The lubrication mechanism of L-BP and M-BP is due to the
shearing effect between the BP nanosheets to prevent the direct contact of the frictional
pairs. The good lubricity of BPQDs is due to its small size for easily accessing to the contact
area. The chemical reaction films consisting of Fe2O3, Al2O3, TiO2, phosphorus oxides,
and phosphates are beneficial to improving lubrication properties. The formed tribological
layers can greatly prevent the contact of the friction surface [41–43]. In addition, BPQDs can
also be used as the ball bearing in the friction process to decrease friction and wear [44,45].
In conclusion, the reason for the excellent friction performance of BPQD lubricant is that
the small size of BPQDs is more likely to enter the contact area to produce an effective
tribo-chemical film on the surface of the friction pairs.
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4. Conclusions

In general, the different-sized of BP-NS are prepared by HEBM and liquid phase
exfoliation methods. The tribological properties of the different-sized of BP-NS as water-
based lubrication additives are evaluated under different loads for GCr15/Ti6Al4V contact.
The results show that the COFs and wear rates of the different-sized of BP-NS lubricants are
decreased to different degrees. The 0.075 wt.% BPQD lubricant exhibits the best tribological
properties. Compared with ultrapure water, the COF and wear rate are reduced by about
42.4% and 82.3%, respectively. The lubrication mechanisms can ascribe to the BP adsorption
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film and the tribo-chemical film. On the one hand, BPQDs are more likely to enter the
contact area. On the other hand, the anti-wear performance of Ti6Al4V depends on the
adsorption film and tribo-chemical reaction film. These aspects prevent direct contact on
the friction pairs, and effectively improve anti-friction and anti-wear, showing the excellent
tribological performance of BPQDs.
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Abstract: The machinability of titanium alloys still represents a demanding challenge and the
development of new clean technologies to lubricate and cool is greatly needed. As a sustainable
alternative to mineral oil, esters have shown excellent performance during machining. Herein, the
aim of this work is to investigate the influence of esters’ molecular structure in oil-in-water emulsions
and their interaction with the surface to form a lubricating film, thus improving the efficiency of the
cutting fluid. The lubricity performance and tool wear protection are studied through film formation
analysis and the tapping process on Ti6Al4V. The results show that the lubricity performance is
improved by increasing the formation of the organic film on the metal surface, which depends on
the ester’s molecular structure and its ability to adsorb on the surface against other surface-active
compounds. Among the cutting fluids, noteworthy results are obtained using trimethylolpropane
trioleate, which increases the lubricating film formation (containing 62% ester), thus improving
the lubricity by up to 12% and reducing the torque increase due to tool wear by 26.8%. This work
could be very useful for fields where often use difficult-to-machine materials—such as Ti6Al4V or
γ-TiAl—which require large amounts of cutting fluids, since the formulation developed will allow
the processes to be more efficient and sustainable.

Keywords: cutting fluid; esters; lubrication; tool wear; titanium alloys

1. Introduction

Titanium alloys, particularly Ti6Al4V, are used extensively in the aeronautic, aerospace,
automotive, chemical, and biomedical industries due to their unique mechanical properties
(Table 1), such as high specific strength, hardness, corrosion resistance at high temperatures,
and biocompatibility [1]. Despite these exceptional properties, Ti6Al4V is classified as a
difficult-to-cut material because of its high chemical affinity, low thermal conductivity, and
work hardening. The poor machinability of these alloys leads to excessive tool wear and
catastrophic tool failure, resulting in decreased tool life and low productivity.

Due to the low conductivity of Ti6Al4V, the heat generated during machining cannot
be dissipated throughout the workpiece and chips effectively. Therefore, the application of
lubrication/cooling systems is extremely important. In most difficult-to-machine alloys,
cutting fluids are employed in the machining process by providing lubrication under
boundary friction at the workpiece-tool interface, or, more specifically, at the chip-tool
interface, eliminating heat from the cutting zone and removing abrasive particles from the
contact area [2]. The creation of the lubricating film depends on the media composition,
particularly the absorption and chemisorption of polar or metal-active additives on the
surface of the workpiece, while the coolant and cleaning capacity depends on the physical
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properties of the cutting fluids (e.g., specific heat capacity, vaporization heat, viscosity, and
surface tension) [3]. Additionally, the cutting fluid protects the workpiece, the tool, the
machine tool, and other metal surfaces from corrosion.

Table 1. The main properties of the Ti6Al4V alloy [4–6].

Property Ti6Al4V

Density (g/cm3) 4.42
Young’s modulus at RT (GPa) 120 ± 10

Yield Strength (MPa) 800–1100
Tensile strength (MPa) 900–1200

Ductility at RT (%) 13–16
Creep limit (◦C) 385

Oxidation limit (◦C) 400
Hardness (HV10) 360 ± 30

Thermal conductivity (W·mK) 7.5–8.6

However, the use of conventional mineral oil-based cutting fluids has been thoroughly
reviewed because of their environmental and health hazards [7]. Many investigations
have aimed to improve the machinability of titanium alloys using sustainable lubrica-
tion/cooling systems. The advantages and drawbacks of the most common systems are
summarized in Table 2.

Table 2. The advantages and drawbacks of sustainable lubrication/cooling systems used in titanium alloy machining [1,8,9].

Lubrication/
Cooling Systems Advantages Drawbacks

Dry cutting
No need for cutting fluid

Easier chip collection for recycling
Minimal environmental impact

High cutting temperature generation
High tendency of workpiece microstructural alterations

Reliable results for limited cutting parameters
Poor tool life and surface finish

Problematic chip evacuation

MQL

Reduction in cutting fluid
Less costly method in comparison to other systems
Good results in terms of cutting forces, tool wear,

surface roughness are noted

Poor chip evacuation
Poor cooling capacity

Mist formation
Very sensitive to MQL supply system

Cryogenic cooling

Eliminate the use of cutting fluid
No need to clean the chips and improved

chip breakability
Promote improvements in surface integrity

Improved tool life

Highly sensitive to tool–material pairs.
The production cost of the cryogen is very high

compared to cutting fluids
Special Dewar is needed for cryogenic supply

Overcooling lead to embrittlement of workpiece

Cold compressed air Absence of cutting fluid
Chips can be collected in dry form Additional energy is required to produce compressed air

Sustainable cutting fluids

Can be totally biodegradable and renewable
Less costly compared to cryogenic cooling

Chip evacuation
Effective removal of heat

Vegetable oils have low oxidation stability
Formulation difficulties

A great improvement in the machining of titanium alloys is observed when different
lubrication/cooling systems are combined. Noteworthy results were obtained with a
minimum-quantity lubrication (MQL) and a cryogenic cooling hybrid system. The poor
cooling capacity and lack of chip evacuation in the MQL system can be enhanced using
compressed air or cryogenic cooling [10]. Moreover, vegetable oils or even recycled oils
can be used as MQL fluid, thus increasing not only its efficiency but also reducing its
environmental impact [11].

In order to ensure high levels of productivity whilst meeting the surface integrity
of the machined parts, industrial companies still employ cutting fluids, especially in the
most demanding operations. More than 2,000,000 m3 of cutting fluids are used globally
each year, the majority of which (85%) are petroleum-based [12]. Hence, these cutting
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fluids are non-renewable and toxic. Therefore, introducing new sustainable materials for
the formulation of environmentally friendly cutting fluids as an alternative to mineral
oil-based fluids is one of the main future trends in the machining of titanium alloys [10].

When selecting the type of cutting fluid to use, there are several aspects to consider,
such as the machining operation, the workpiece material, the cutting tool material, the
mode of application, the cutting fluid, and the environment friendliness [13]. The excellent
heat dissipating properties of water and its cleaning capacity to remove chips of water-
based cutting fluid, make it suitable for machining titanium alloys [14]. Moreover, the
components of the cutting fluid and its physico-chemical properties determine the wetting
and adsorption properties on the metal surface, which further affect the quality and
performance of the machined surface. Chemical reactions can result in the loss of effective
alloying elements thus damaging the surface [15].

Sustainable cutting fluids is a commonly used term for products that meet the follow-
ing characteristics: good biodegradability; low eco-toxicity; risk of low contamination for
water, air. and soil; low consumption; a long shelf life; recyclable; an ability to produce less
waste; and an ability to promote energy saving [16]. There is a trend towards the use of
vegetable or synthetic based oils and against the formulation of environmentally hazardous
mineral oils [17], as well as the elimination or reduction in hazardous substances in the
formulation of cutting fluids.

The most commonly used sustainable base fluids as alternatives to mineral bases
are low molecular weight polyalphaolefins, polyalkylene glycols, vegetable oils, and
synthetic esters [18]. This research addresses synthetic esters, which have attracted wider
interest from both academic researchers and industrial users due to their high polarity
and excellent lubricity in the boundary lubrication [19]. Synthetic esters perform well over
a large temperature range, have a high viscosity index, possess a high lubricity, provide
corrosion protection, and have a high oxidative stability [20]. In general, synthetic esters
meet the requirements for aquatic biodegradability and toxicity, although they tend to be
less readily biodegradable than vegetable oil-based lubricants.

There is a wide range of synthetic esters with properties that vary greatly depending
on their chemical structure. A synthetic ester in its simplest form consists of an alcohol
and a fatty acid. In lubricants, esters are usually made with two or more carboxylate
groups. Due to the large number of different alcohols and fatty acids available for ester
formulation, esters can be synthesized to suit a specific application [21]. In particular, this
study is focused on polyol esters obtained from the reaction of fatty acids and polyhydric
alcohols, also known as polyol, which are less susceptible to hydrolysis [22]. The fatty acids
most commonly considered in the synthesis of polyol esters are caprylic acid, oleic acid,
rapeseed oil, olive oil, animal fats, and palm oil. Examples of commonly used polyols are
trimethylolpropane, neopentylglycol, and pentaerythritol [23].

The challenges in formulating water-based cutting fluids continue to increase as
end users demand a better performance over longer periods of time and under harsh
conditions [24]. Currently, vegetable oils and the synthetic esters obtained from them are
emulsified as additives in water-based cutting fluids [25]. However, there are few studies
that describe the lubrication/cooling results obtained in the machining of difficult-to-cut
materials [26].

In contrast to oils, water has many unique properties due to its polarity, which makes
aqueous lubrication much more complicated than traditional oil lubrication. Water-based
lubrication mechanisms are not yet well known due to the diversity and complexity of
aqueous solutions. In addition, some traditional lubrication theories are not applicable to
aqueous lubrication due to the complex physical and chemical properties of water [27].
In the case of water-soluble cutting fluids, the effect of hydrolysis must be considered.
Emulsions contain significant amounts of water, which can cause ester hydrolysis and
variation of the chemical composition in the lubrication film, resulting in a completely
different tribochemical mechanism between the water-based emulsion and the ester [28].
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The aim of this work was to study the influence of the polyol ester on the development
of a sustainable cutting fluid for titanium alloys. Oil-in-water (O/W) emulsions were
formulated with several polyol esters and the ability to form a lubrication film was analyzed
on Ti6Al4V strips. Finally, the lubricity performance was tested using a tapping process
and evaluated with design of experiments (DOE) software.

2. Materials and Methods
2.1. Materials and Sample Preparation

To carry out the study, five cutting fluids were prepared by adding a mixture of non-
ionic and anionic surfactants to stabilize the O/W emulsions. Oleyl/cetyl propoxylated al-
cohol (BASF, Ludwigshafen, Germany) and oleth-10 carboxylic acid (Kao Chemicals GmbH,
Emmerich, Germany) were mixed in deionized water at 0.8 mmol/L and 1.2 mmol/L, re-
spectively. The mixture was adjusted to the recommended pH 9.2 with monoethanolamine.

Four commercial esters synthetized by Industrial Química Lasem (IQL, Castellgalí,
Spain) were used to formulate the cutting fluids. All of them were commercialized as
environmentally adapted lubricants [29] and were recommended for the formulation
of lubricants. The esters were obtained from a reaction of oleic acid and the number
of ramifications were varied, modifying the alcohol group. The esters were added in
a concentration of 1.0 mmol/L and stirred in order to obtain a homogeneous mixture.
The same molar concentration for all esters was used to easily compare the effect of the
molecular structure of the polyol esters. The cutting fluids prepared were:

• without an ester;
• C18:1 × 1 using isopropyl oleate;
• C18:1 × 2 using neopentylglycol dioleate;
• C18:1 × 3 using trimethylolpropane trioleate;
• C18:1 × 4 using pentaerythrityl tetraoleate.

Moreover, the cutting fluids were prepared without the addition of anti-wear and
extreme pressure chemical additives to prevent interference with the lubricity performance
of the mixtures.

2.2. Determination of Lubricating Film on Ti6Al4V Surface

The lubricity performance is related to the capability to form a lubricating film on the
surface, providing a layer that protects the surface from wear. The schematic diagram of
the experimental setup is shown in Figure 1. Tests were conducted with Ti6Al4V (grade 5)
panels (special metals and products, Spain) with dimensions of 17 × 75 × 0.8 mm3, and the
chemical composition shown in Table 3. Panels were immersed in the cutting fluid at room
temperature and stirred for 10 min. The film formation was determined according to the
method developed by Benedicto et al. [30]: (1) measuring the total organic carbon (TOC)
with RC612 (Leco, St. Joseph, MI, USA) to quantify the milligrams of carbon adhered to
the Ti6Al4V panel and (2) calculating the ratio of the ester, analyzed by infrared reflection
absorption spectroscopy (IRRAS) (Vertex 70 Bruker, Ettlingen, Germany).

Table 3. The chemical composition of Ti6Al4V (grade 5) (wt%).

Ti Al V Fe O

89.75% 6% 4% 0.25% max. 0.2% max

Following this method, four calibration curves were built for each ester, varying its
concentration in the O/W emulsion and using a Fourier Transform infrared spectropho-
tometer (Iraffinity-1S Shimadzu, Nagoya, Japan). The regression line provided the ratio
(REO) between the integrated absorbance under the C=O peak (1735–1750 cm−1) and under
the CH2 stretching vibration peaks (2850–2925 cm−1). The following regression equation
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allowed the percentage of ester (wt%) to be given a REO value from a spectrum and the
correlation coefficient (R2) measured the strength of the relationship between them:

% ester = A + B·REO, (1)

Finally, the amount of ester adhered to the Ti6Al4V panels was calculated by multiply-
ing the percentage of ester by the milligrams of TOC, taking into account the molecular
weight and the average of number of carbons on the organic layer for each cutting fluid.
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2.3. Lubricity Performance of Polyol Ester Cutting Fluids

To gain a better understanding of the behavior of the polyol ester in water-based
cutting fluids, a tapping torque test was conducted in Labtap G8 (Microtap, Munich,
Germany). This cutting operation is highly sensitive to lubrication [31]. The material used
for the machining was a Ti6Al4V with pre-drilled holes (Figure 2). A TTT_M4C coated tool,
size M4 (0.7 mm pitch, 3.3 mm tapping diameter) with helical channels was used for each
cutting fluid.
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The cutting fluid was poured in the holes to lubricate them during the tapping process
at 300 rpm, with a 6 mm length of thread, as shown in Table 4 each tapping process was
repeated 15 times or until the tool broke. Figure 3 shows the tapping procedure graphically
where: (1) shows the beginning of the cut; (2) shows the tool penetrating the workpiece
and the torque increasing due to the increasing contact surface between the workpiece and
the tool; (3) shows the tool cutting with all its chamber teeth until the length’s thread is
achieved and (4) shows the beginning of the reversal of the spindle to bring the tool to the
initial position [32]. Finally, the results were reported averaging the tapping torque values
(N·cm) in the 1 mm to 6 mm range of cut.

Table 4. Cutting operation conditions.

Parameter Value

Workpiece material Ti6Al4V (grade 5) pre-drilled
Spindle speed (rpm) 300

Length of the thread (mm) 6
Hole diameter (mm) 3.3

Tapping tool TTT_M4C coated tool. Size M4
Tap mode Cutting
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3. Results and Discussion
3.1. Film Formation on Ti6Al4V

The formation of the lubrication layer was calculated according to the equations of the
regression line abstracted from the calibration curve of each polyol ester cutting fluid under
study (Table 5). The REO values were calculated with the IRRAS spectra on the Ti6Al4V
panels and the total organic matter adhered to the surface, allowing the quantification of
the lubrication layer formation.

Table 5. The REO, TOC, and equations of the regression line results of the cutting fluid formulated with polyol esters.

MWF REO TOC (mg C)
Equations of the Regression Line

% ester = A + REO·B % ester
(w/w)

Organic
Matter (µmol)

Ester
(µmol)

A B R2

C18:1 × 1 0.074 0.557 1.523 284.966 1.000 22.564 1.17 0.56
C18:1 × 2 0.219 0.860 2.077 279.079 0.999 63.166 0.80 1.17
C18:1 × 3 0.231 1.344 2.403 259.594 0.995 62.481 1.28 1.23
C18:1 × 4 0.304 1.200 2.474 250.050 0.999 78.408 0.83 0.87
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Figure 4 shows the results of the organic film formed on the Ti6Al4V surface and the
corresponding amount of ester after the panel was dipped in the O/W emulsions. The
addition of esters in the cutting fluid resulted in lubrication layer growth. The ability to
increase the film formation can be attributed to the stronger adsorption of polar functional
groups on the metal surface. The molecular structure of such esters has a clear influence on
the layer formed. Noteworthy results were obtained with C18:1 × 3. When the strip was
dipped in the trimethylolpropane trioleate emulsion, a higher amount of organic matter
was adhered, including both ester and surfactants.
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At the same time, the presence of the ester interfered with the ability of other additives
to attach to the metal surface. The results suggest that there is an adsorption competition
on the surface between the surfactant and the ester molecules. The large molecular volume
and polarity of pentaerythrityl tetraoleate prevents other molecules from being deposited
on the metal, reducing the total organic matter. Therefore, it can be considered that the
molecular structure of an ester in O/W emulsions has a substantial influence on its ability
to form a lubricating film and on its conformation. The influence of the physico–chemical
properties and the chemical composition, such as the branching structure and the polar
functional groups on the film thickness has been observed by several authors [33], but
unlike this study, they used neat esters.

When the Ti6Al4V strip was treated with C18:1 × 1 cutting fluid, the amount of ester
that adhered to the surface was lower. This result can be attributed to the high stability of
oil droplets in the emulsion, which are too stable to form a film. This relation between the
oil droplet’s stability and the film formation observed in this work was described by Ratoi-
Salagean et al. [34], who correlated its incidence with a different emulsifier concentration.

3.2. Influence of Polyol Esters in the Lubricity of Cutting Fluids

To evaluate the lubricity of the cutting fluids, a tapping torque machine was used for
experimental investigation. With this equipment, experiments are conducted by performing
a tapping operation of a tool inside a hole with the cutting fluid and the torque is measured
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in situ. During the first tap, using deionized water as the cutting fluid, the tool welds
in the Ti6Al4V workpiece. Comparing these results to the results from the cutting fluid
without an ester, which showed that even after 15 taps the tool was not broken, it must be
noticed that surfactants not only help to stabilize the emulsion, but they can also reduce
the tapping torque. The lubricity properties of the surfactants observed in the present
work were described by Benedicto et al. [35] who correlated their performance to the
molecular structure of surfactants. Moreover, the addition of a polyol ester in the cutting
fluid increases its lubricity and can reduce the tool wear by up to 37%.

The effect of the fatty acid ester in O/W emulsions on lubricity and wear is depicted
in Figure 5 By comparing tapping torque values in the first tap, the ability of cutting fluids
to lubricate can be studied. After the first tap, it is noted that the torque values increase
with each tap due to tool wear.
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In order to analyze the effect of the cutting fluid on the tapping torque, a mathematical
model was predicted by the design of experiments method (DOE). For each cutting fluid, a
second order polynomial response has been fitted into the following equation:

Y = a + b · X + c · X2, (2)

where Y is the corresponding response (tapping torque) and X is the tap number.
The regression equations that have been obtained are collected in Table 6. The terms

of these equations can be correlated with the lubricity performance (coefficient a) and the
increase in tapping torque values in each consecutive tap due to the tool wear (coefficient b).

Table 6. The regression equations for a quadratic model.

Cutting Fluid Regression Line

Without ester 68.07 + 5.91 X − 0.14 X2

C18:1 × 1 64.41 + 5.04 X − 0.14 X2

C18:1 × 2 65.31 + 4.11 X − 0.14 X2

C18:1 × 3 56.40 + 3.69 X − 0.14 X2

C18:1 × 4 61.90 + 3.94 X − 0.14 X2
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The analysis of variance (ANOVA) with a F-value of 202.82 implies that the model is
significant and there is only a 0.01% chance that an F-value this large could occur due to
noise. p-values less than 0.0500 indicate the model terms are significant. Additionally, the
verification of the model was analyzed by R2, whose value is 0.969, very near to 1.

The results show a positive correlation between the lubricity and the total organic
matter adhered and the amount of ester in the film layer. The ester was adsorbed to the
metal surface with the fatty acid hydrocarbon end facing away from the metal surface, thus
allowing a monolayer film formation. This is in accordance with the lubrication mechanism
of the castor oil-in-water fluid described by Ni et al. [36]. Therefore, the fatty acid chain
provided a sliding surface that reduced friction and facilitated chip evacuation through the
tool’s channels.

The wear protection was improved by increasing the ester, which resulted in stronger
adsorption on the metal surface [37]. Remarkable results were obtained using C18:1 × 3.
This can be attributed to the higher lubrication film that was formed on the metal surface,
thus increasing lubricity and protecting the tool from wear. On the contrary, from the
esters tested, C18:1 × 1 had the highest tool wear, corresponding to the polyol ester with
the lowest ability to adhere on the Ti6Al4V surface. C18:1 × 3 improved the lubricity
performance by 12.4% and decreased the tapping torque of consecutive taps by reducing
the tool wear by 26.8% compared to the cutting fluid C18:1 × 1.

In comparison with C18:1 × 2, a slight decrease in the tapping values was detected
using the cutting fluid C18:1 × 4. The molecule packing of C18:1 × 4 improves the
deposition of the ester on the surface (1.04 mg of pentaerythrityl tetraoleate), increasing
the lubricity properties of the cutting fluid. In terms of tool wear, the lowest indices were
achieved with C18:1 × 4 fluid.

The results in this work demonstrate considerable potential for the introduction of the
polyol ester as an alternative to mineral oil in water-based cutting fluids. Moreover, the
associated environmental and health benefits of polyol esters make them more attractive
substitutes. The characteristics of esters, such as their high biodegradability and the
reduction in fossil carbon sources, reduces their contribution to global warming compared
to mineral oil by approximately four times [38].

4. Conclusions

This study provides an evaluation of the influence of polyol esters in oil-in-water
(O/W) emulsions on titanium alloys to overcome the challenges in formulating sustainable
water-based cutting fluids. The emulsions were formulated by adding polyol esters with
different molecular structures and surfactants to stabilize the O/W emulsion. The film
formation on the surface and the tapping torque were measured to identify the factors that
have a significant effect on lubricity performance.

Based on the results of the present experimental and analytical investigations, the
following conclusions can be drawn:

• The molecular structure of esters influences the amount of the ester that adheres
to the surface forming a lubricant film, which protects the tool from wear. By the
addition of 1 mmol/L of ester in the water-based cutting fluid, trimethylolpropane
trioleate ester can double the amount of ester adhered on the panel surface compared
to isopropyl oleate.

• There is an adsorption competition on the surface between the ester and other ad-
ditives. The molecular structure of esters has a high impact on the conformation of
the lubricant film which, in turn, also has an impact on the lubricity properties of the
cutting fluid.

• The increase in ester in the lubrication film improves the tribological performance and
prolongs the tool life. The addition of a polyol ester in the cutting fluid increases the
lubricity by up to 17% and can reduce the tool wear by up to 37%.

• From the polyol esters under study, C18:1 × 3 is preferred as a water-based cutting
fluid for machining titanium alloys. It can double the amount of lubrication film
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formed compared to the rest of the cutting fluids. The best lubricity results were
obtained with C18:1 × 3. In terms of tool wear, the lowest rate was achieved with the
trimethylolpropane trioleate O/W emulsion.

This study may be used to develop new sustainable and environmentally friendly
cutting fluids for titanium alloys to replace conventional mineral oil water-based cutting
fluids. However, further work needs to be conducted to investigate the industrial potential
of these cutting fluids for titanium alloys, comparing them with other lubrication and
cooling systems, such as cryogenic cooling.
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Abstract: The aim of this paper is to determine the optimal input parameters for the process in order
to ensure the maximum formable wall angle is obtained in a conical frustum with a varying wall angle
fabricated using Single Point Incremental Forming (SPIF). The test material was 0.8-mm-thick Ti-6Al-
4V titanium alloy sheets, and the test used a tungsten carbide tool with a rounded tip with a radius
of 4 mm. Complete workpieces were heated using hot oil with a temperature of about 200 ◦C, and in
addition, the high rotation speed of the forming tool generated an amount of friction heat. The input
parameters were tool rotational speed, feed rate, step size, and tool rotation direction. Various oil
pressures were used to improve both the accuracy of the components formed and the friction heating
process. On the basis of calculations performed by means of the response surface methodology,
split-plot I-optimal design responses were obtained by means of polynomial regression models.
Models were fitted using REstricted Maximum Likelihood (REML), and p-values are derived using
the Kenward–Roger approximation. Observation of the fracture surface of Ti-6Al-4V drawpieces
showed that the destruction is as a result of ductile fracture mode. Tool rotational speed and step size
are the most significant factors that affect the axial force, followed by feed rate. It was also found that
step size is the most significant factor that affects the in-plane SPIF force.

Keywords: feed rate; incremental sheet forming; SPIF; single point incremental forming; tool rota-
tional speed

1. Introduction

Single-point incremental forming (SPIF), proposed by Iseki [1], is a flexible method
of sheet metal forming that does not require the use of dies adapted to the shape of the
product. The SPIF method and its variation, two-point incremental forming (TPIF), can
be used to produce products with complex shapes, both convex and concave, using shank
tools with rounded tips. These tools move along the programmed trajectory, gradually
sinking into the formed sheet [2,3]. A milling machine or a numerically controlled lathe
with at least three controlled axes is required to operate the SPIF process. Incremental
sheet forming (ISF) methods that use a robotic arm to drive the working spindle have also
been developed.

Due to the point character of the contact of the tool with the deformed sheet, the
processing speed in this method is lower than in conventional sheet metal forming (SMF)
methods that require the production of a die and punch [4]. However, die-less ISF is
more effective when machining prototype parts, small-series components, and highly
customised parts such as medical implants. Due to the local nature of plastic deformation,
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the deformation achievable in SPIF is greater than with conventional SMF. Comparison
of the conventional SMF process intended to form a pyramid-shaped part with SPIF can
be found in a paper by Petek et al. [5]. Over the years, many varieties of SPIF have been
proposed for forming hard-to-deform alloys in cold forming conditions such as warming
sheet material using hot air blowers [6] or using a furnace [7], electrically assisted ISF [8,9],
laser-assisted ISF [10,11], and friction-assisted ISF [12].

During the forming process, due to the elastic–plastic deformation conditions, the
forming process is prone to instability and the part is subject to springback [13,14] and
pillow effect [15–17]. After forming, skirt springback occurs due to the elastic recovery of
the sheet. Elimination of shape errors is achieved by optimisation of the tool trajectory in
order to compensate for the elastic recovery of the sheet material. There are many studies
designed to increase the accuracy of ISF carried out in cold and hot forming conditions.
The process conditions of SPIF depend on many parameters that can interactively affect
the surface finish, shape and dimensional accuracy of the drawpieces, wall thickness and
the possibility of producing large sheet deformations. These parameters include: tool
rotational speed, tool diameter, feed rate, step depth and lubrication conditions. Numer-
ous investigations designed to optimise forming conditions using Analysis of Variance
(ANOVA), Taguchi design of experiment, regression analysis, Non-dominated Sorting
Genetic Algorithm (NSGA) and Response Surface Methodology (RSM) can be found in the
literature. Honarpisheh et al. [18] studied the interaction and main effect of the process
parameters viz. rotational speed, tool diameter, step down, on the wall and fracture depth
in SPIF of 1050 aluminium alloy sheets using the ANOVA method and a multi-response
optimisation. Kurra et al. [19] investigated SPIF of extra deep drawing steel sheets using the
Box–Behnken design. They evaluated the effect of process parameters on surface roughness
and manufacturing time using ANOVA, NSGA and RSM approaches. Szpunar et al. [20]
developed the mathematical relations between feed rate, pitch, spindle speed and surface
roughness on the inner surfaces of Grade 2 titanium drawpieces defined using the RSM
and Central Composite Design (CCD). It was found that step size directly affects the sur-
face roughness on the inner surface of the component. Truncated cone specimens formed
with high values of tool rotational speed showed poor surface qualities. Vahdani et al. [9]
employed Design of Experiment (DoE) and ANOVA to study the formability of Ti-6Al-4V
titanium alloy sheet. The results showed that SPIF of the study material can be improved
by electric hot incremental sheet forming. The electric current and the lubricant type have
a significant effect on the maximum achievable forming depth. Najm and Paniti [21] used
artificial neural networks to explore and estimate the relative importance of SPIF parame-
ters during forming of AlMn1Mg1 aluminium alloy sheets. One of the key findings is that
tool characteristics (surface roughness, tool tip shape and tool material) play an essential
role in the accuracy of the final component. Maji and Kumar [22] developed RSM and an
Adaptive Neuro-Fuzzy Inference System (ANFIS) with a non-dominated sorting genetic
algorithm to predict the outcome of SPIF components. They found that surface roughness
(Ra) was most significantly affected by step height. Moreover, the formable wall angle
and deformed sheet thickness were mostly affected by feed rate. Grün et al. [12] applied
one-factor-at-a-time (OFAT) and DoE methods to investigate the strength of the correlations
between the kinematics of the tool and the formability of the Ti6Al4V sheets in friction stir
ISF. Tool rotation speed was found to be the dominant friction stir SPIF parameter. Step
depth and feed rate had a minor impact.

There are other reports investigating process parameters directly without using any
statistical procedures. Durante et al. [23] studied the influence of tool rotation in SPIF of
7075-T0 aluminium alloy pyramid frustums in terms of forming forces, surface roughness
and forming temperature. Temperature measurement highlights different heating of the
sheet and in particular a proportional dependence on the speed of rotation because of
the relative motion between the sheet and tool. Hussain et al. [24] studied the effect of
feed rate, tool diameter, pitch, and friction conditions on the formability of a commercially
pure (CP) titanium sheet varying wall angle conical frustum (VWACF). It was found that
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friction at the tool/blank interface does not affect the formability of CP titanium sheet. A
decrease in the feed rate increases the formability. Racz et al. [25] chose the most highly
recommended incremental forming process for Ti-6Al-4V titanium alloy cranioplasty plates
using a decision-making method based upon AHP (analytic hierarchy process). They
concluded that the accuracy of the wall angle was not significantly influenced by the tool
diameter and toolpath strategy. This can be explained by the fact that the low plasticity of
the Ti-6Al-4V titanium alloy does not lead to a significant degree of springback. Mohanraj
and Elangovan [26] investigated the effect of process parameters such as tool rotational
speed, feed rate, step depth and tool diameter on the geometrical accuracy and thinning in
SPIFed Ti-6Al-4V aerospace components both experimentally and using the finite element
method (FEM). Palumbo et al. [27] formed Ti-6Al-4V truncated cones with the aim of
investigating the effect of both the tool diameter/pitch ratio (D/p) and the wall angle on
the formability of the material. An analysis of shape errors, and thinning measurements
highlighted the fact that the parameter D/p plays a key role in SPIF. Naranjo et al. [28] con-
ducted a numerical campaign to study the formability of Ti-6Al-4V VWACF in a warm SPIF
process. The effect of temperature on formability was experimentally evaluated in terms of
the maximum achieved wall angle. Increase in temperature improved formability however
the temperature did not significantly influence the surface finish of drawpieces. The effects
of the forming temperature on material failure and more particularly on geometric accuracy
while forming a Ti-6Al-4V denture prosthesis were investigated by Sbayti et al. [29]. The
numerical models conducted showed that SPIF of a denture base made of the one of the
most frequently used alloys for biomedical applications has the potential for real medical
applications. In another paper, Sbayti et al. [30] numerically investigated the effect of
tool diameter and temperature on the failure and geometric accuracy of the acetabular
component of a hip prosthesis made of Ti-6Al-4V titanium alloy. The emerging trends
and development of SPIF in titanium and its alloys can be found in review papers by
Oleksik et al. [31] and Trzepieciński et al. [32].

In this manuscript, an I-optimal split-plot algorithm was used to build a response
surface design for SPIF of Ti-6Al-4V alloy. Due to the poor room-temperature formability of
a Ti-6Al-4V alpha-beta titanium alloy, deformation under high temperature is needed [29].
The main reason for its poor formability is low ductility at room temperature due to the
hexagonal close-packed (HCP) structure in α-phase. To overcome this limitation, the SPIF
experiments were conducted in warm conditions. Several authors have developed systems
for heating the sheet at the tool contact point by the Joule effect [8,9], friction stir heating [12],
laser-assisted heating [10,11], or by employing heat bands [33]. The non-uniform heating
drawback of these methods and poor efficiency of the heat bands method is overcome in
this paper by using combined oil-based and friction stir rotation-assisted heating of the
workpiece. The input parameters were tool rotational speed, feed rate, step size, and tool
rotation direction. To further improve sheet formability, a variable oil pressure in the die
cavity is considered. The mathematical relations are defined from the response surfaces to
predict both the maximum formable wall angle of the conical frustum with a varying wall
angle and the components of the forming force.

2. Materials and Methods
2.1. Material

Ti-6Al-4V titanium alloy sheet metal 0.8 mm thick was used as the test material. At
room temperature the microstructure of Ti-6Al-4V alloy mainly consists of hexagonal closed
packed (HCP) for the α and body centred cubic (BCC) for the β phases, respectively [34,35].
This two-phase (α-β) Ti-based alloy is the most frequently used Ti-based alloy in a variety
of applications, including blades, discs and rings of turbines and constructional elements of
airplanes. Ti-6Al-4V material is also commonly used as biocompatible implants in medicine
applications. It has high corrosion resistance, good weldability, excellent strength, and low
modulus of elasticity. However, due to its complex microstructure at room temperature,
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this alloy is commonly formed at elevated temperatures. The chemical composition of
Ti-6Al-4V alloy is given in Table 1 according to ISO 5832/3 [36].

Table 1. Chemical composition of Ti-6Al-4V (wt.%).

Al V Fe O C N H Ti

5.5 3.5 <0.3 <0.2 <0.08 <0.05 <0.0015 remainder

2.2. Experimental Setup

The tests for forming the drawpieces under combined oil-based and friction stir
rotation-assisted heating in warm SPIF were carried out with the use of a die consisting
of a housing and a blankholder ensuring the fixing of the displacement of the workpiece
flange. Structural diagram and view of the experimental setup are shown in Figure 1a,b,
respectively. The sheet metal clamp was secured by means of a set of screws. An electric oil
heater (Tempco Electric Heater Corp., Wood Dale, IL, USA) was placed in the die cavity
and the oil pressure was kept constant during forming by means of a valve. The forming
device was mounted on the bed of a PS95 vertical CNC milling machine (Makino Milling
Machine Co. Ltd., Tokyo, Japan). A workpiece with a diameter (TIMET Titanium Metals
Corp., Toronto, OH, Canada) of 100 mm was used to form conical frustums with varying
wall angles (Figure 2). A tungsten carbide tool (HHT – Hartmetall GmbH & Co. KG,
Dornstadt, Germany) with a rounded tip with a radius of 4 mm was mounted in the face
mill through an ER32 collet chuck (Haimer GmbH, Igenhausen, Germany). A grease-free
dry anti-friction spray of MoS2 (WEICON GmbH & Co. KG, Münster, Germany) was used
in the experiments. This lubricant is pressure and temperature resistant from −185 ◦C to
400 ◦C. Surfaces were cleaned and degreased prior to application.
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The experiments stopped after fracture of the part. Height of drawpieces h was
measured using height gauge. The maximum formable wall angle α was determined based
on the drawpiece height h:

α = arccos
41.2 − h

47.6
(1)

The axial force Fz and the horizontal components of the forming force Fx and Fy were
measured by a high-accuracy piezoelectric dynamometer (Kistler Holding AG, Winterthur,
Switzerland) with a maximum sample rate per channel of 200 kHz. Based on the two hori-
zontal components of the forming force Fx and Fy, the in-plane force Fxy was determined
according to the formula:

Fxy =
√

F2
x + F2

y (2)

The tool indented into the workpiece followed a spiral path. The tool trajectory
(Figure 3) was generated using NX CAM software (version 1938, Siemens Digital Indus-
tries Software, Plano, TX, USA) based on the numerical model of the desired shape of
the drawpiece.
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2.3. Plan of Experiments

Split-plot I-optimal design (Design Expert, version 12, Stat-Ease Inc., Minneapolis, MN,
USA) was used to determine the input parameters of the SPI process in order to maximise
the wall angle and to minimise the in-plane and axial forming force components. Design of
industrial experiments with complete randomisation is limited due to cost constrains. The
split-plot design, which involves a restricted randomisation, often provides a reasonable
alternative [37]. Split-plot designs were originally used in agriculture where plots of land
were subdivided in relatively large portions known as whole plots. Each of the levels
of the whole-plot factors were then randomly assigned to these plots. Whole plots were
further divided into smaller portions known as subplots, to which subplot factors were
applied [37]. In split-plot design, the hard-to-change factors act as whole-plot factors and
easy-to-change factors belong to sub-plots. I-optimal designs are noted for their integrated
variance. In I-optimal design, the computational model adjusts the response surface that
determines the optimal conditions, by minimising the mean differences (variances) of the
predicted numerical data of the independent variables. The model assumes the forecast of
missing combinations of independent variables of the experiment using the actual plan of
the experiment used for optimisation [38].

Initial range of input parameters for split-plot I-optimal design was determined in the
preliminary experimental studies of VWACF forming. A reasonable range of parameters
was determined considering the following problems. A rotational speed of the tool that
was too high caused excessive heating not only of the sheet but also of the tool. Therefore,
excessive build-up was observed in the tool tip surface. The maximum value of the feed rate
(2000 mm/min) was limited by the inertia of the MHWT (machine–holder–workpiece–tool)
system, causing strong vibrations when tool moving along a trajectory with small radius.
In addition, the feed must be considered together with the rotational speed to ensure
proper friction-assisted heating of the sheet metal. The device is structurally adjusted
(sealing, valve type) to work under a maximum oil pressure of 4 bar. Step size greater than
0.5 mm caused premature cracking of the drawpieces due to insufficient local heating of
the material by tool interaction.

The predominant input factors and range of their variation, which have most influence
on the maximum formable wall angle and components of the forming force, were identified
from preliminary experiments. The input parameters were oil pressure p, tool rotational
speed n, feed rate f, step size ap and direction of tool rotation (Table 2). The last parameter
was selected based on the study of Szpunar et al. [20], who found that the direction of tool
rotation in relation to the feed direction (anticlockwise and clockwise—Figure 4) influenced
the possibility of receiving drawpieces without the risk of cracking.
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Table 2. Factors and levels used in the split-plot I-optimal design *.

SPIF Parameter Factor Unit Change Low Level High Level

Oil pressure p a bar hard 1 4
Tool rotational speed n B rpm easy 100 1000

Feed rate f C mm/min easy 500 2000
Step size ap D mm easy 0.1 0.5

Tool rotation direction E - easy − +
* “+”—clockwise direction, “−”—counterclockwise direction.
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The split-plot I-optimal design was composed of five levels, and 25 experiments
(Table 3) were carried out to optimise the input variables. The points of the split-plot
I-optimal design in the workspace are presented in Figure 5.

Table 3. Plan of experiments for split-plot I-optimal design (“+”—clockwise direction, “−”—
counterclockwise direction of tool rotation).

Number of
Experiment Oil Pressure, Bar Tool Rotational

Speed, rpm
Feed Rate,
mm/min Step Size ap, mm Direction of Tool

Rotation

1 2 1000 1475 0.1 −
2 2 100 2000 0.1 −
3 2 514 1370 0.31 +
4 2 1000 500 0.1 +
5 2 590 1175 0.35 −
6 2 100 2000 0.5 +
7 2 100 500 0.5 −
8 2 122 1108 0.1 +
9 2 1000 1145 0.33 +

10 2 559 2000 0.26 −
11 4 100 2000 0.3 +
12 4 595 620 0.5 +
13 4 100 883 0.14 −
14 4 757 1550 0.1 +
15 4 1000 2000 0.37 −
16 1 581 538 0.5 +
17 1 550 500 0.1 −
18 1 1000 2000 0.5 −
19 1 100 1423 0.32 −
20 1 762 2000 0.12 +
21 3 1000 2000 0.5 +
22 3 100 500 0.27 +
23 3 680 500 0.2 −
24 3 1000 500 0.5 −
25 3 343 1565 0.5 −
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3. Results and Discussion
3.1. Split-Plot I-Optimal Design with RSM

Analysis of variance was used to determine the relationships between the input
variables and the specific output variable: maximum formable wall angle, in-plane forming
force Fxy and axial forming force Fz (Figure 6). Analysis of variance explains the probability
with which the selected factors may be the cause of differences between the observed
group means. The aim of the statistical analysis was to determine the significance of the
influence of individual parameters on the selected output variables using Fisher’s test
at a significance level α = 0.05. Based on the statistical tables for F (0.05), an analysis of
the significance of individual variables was performed. On the basis of the calculations
performed by means of the RSM, optimal responses were obtained by means of polynomial
regression models. Models are fitted using REstricted Maximum Likelihood (REML) and
p-values are derived using the Kenward–Roger approximation. Table 4 shows the results of
the experimental tests based on the split-plot I-optimal design.
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Table 4. Results of the SPIF forming.

Number of
Experiment

Maximum
Formable Wall Angle α, ◦

Maximum Axial Force
Fz, N

Maximum in-Plane Force
Fxy, N

1 60.9 1536 476
2 48.2 1621 644
3 55 2335 849
4 65.1 1132 148
5 62.9 2070 856
6 53.8 2560 874
7 54.6 2566 966
8 51.7 1633 411
9 56.1 1805 752

10 48.1 2097 669
11 52.2 2360 757
12 52.7 2043 794
13 53.8 1831 641
14 52.3 1573 580
15 66 2020 711
16 42.3 2377 435
17 44.8 1275 132
18 45 2289 633
19 44 2159 572
20 40.6 1409 147
21 43.3 2346 501
22 40.3 2115 308
23 52 1663 310
24 65.5 1819 556
25 45.7 2464 735

The experiments stopped after fracture of the part. The highest wall angle α = 66◦ was
obtained for run no. 15. The drawpiece fracture was observed on the side surface of the cone
slightly below the drawpiece bottom (Figure 7). The greater the wall angle, the greater the
tensile stresses in the drawpiece wall in the direction of downward movement of the tool.
Simultaneously with the increase in value of the wall angle, the share of circumferential
stresses acting on the edge of the bottom of the drawpiece decreases. Figures 8 and 9
show SEM micrographs of a fracture surface of Ti-6Al-4V VWACF. Observation of the
fracture surfaces of Ti-6Al-4V drawpieces showed that the destruction is a result of the
ductile fracture mode (Figures 8c and 9b). Ductile cracking occurs by nucleation and void
growth and usually begins with particles of a different phase [39]. During ductile fracture,
the formation and joining of cracks takes place due to the plastic flow of the workpiece
material. An underside view of the fracture surface, related to the inner surface of the
sheet, shows dimples similar to the ones due to ductile fracture under tensile stress [40].
Microcracks in the subsurface layer are observed on the inner surface of the drawpiece
(Figure 8b). Due to the severe impact of the tool tip, the formability of the material in the
subsurface layer in contact with the tool has decreased. As a result of the reduction in
formability, the material in the subsurface layer was susceptible to fracture. The outer part
of the fracture surface (the part in contact with the outer surface of the drawpiece), presents
small, partially formed dimples typical of shear load conditions (Figures 8a and 9d) [40].
This can be explained by various stress states. On the inner side of the part, the tip of the
tool pushes the material downward making tensile stress predominant, while, on the outer
side, the circumferential movement of the bottom tool and the related shear effect generate
shear-type surface fracture [41]. As mentioned, the fracture is first stretched due to the
meridional tensile stresses due to the downward movement of the tool, and then expanded
in the horizontal direction.
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Figure 9. SEM micrographs of the fracture surface of VWACF (maximum formable wall angle
α = 45◦): (a) cross-section of the fractured surface, (b) view of the near-edge inner surface of the
drawpiece, (c,d) magnification of the ductile fracture area.

The total force F and components of the total force Fxy and Fz for the VWACF with the
highest wall angle obtained, α = 66◦, are shown in Figure 10. As can be observed, the values
of the total force components vary cyclically. The initial stages of the forming process show
a very fast increase in the axial force value. At the same time, the in-plane force value was
several times smaller. As the downward movement of the tool increased, the value of the
drawpiece radius decreased and the tool began to affect the inner surface of the drawpiece
with a more and more lateral surface. Meanwhile, at the beginning of the forming process,
the lower surface of the tool tip was the most heavily loaded and caused a rapid increase in
axial force.
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3.2. Maximum Formable Wall Angle

To analyse the effects of the input control factors on the maximum formable wall
angle, a model of the response was developed. The adequacy of the RSM models that were
built was checked through REML and the coefficient of determination R2. REML analysis
is based on an iterative procedure for estimating the effects of constant and variance
components. This procedure begins by defining an initial set of sample parameters, which
then are used to estimate the next set of parameters, to replace the set of initial values. The
procedure is iterative until convergence is achieved. Then the values of the parameters
obtained in the next step differ so little from those obtained in the previous step in such
a way that the amount of this difference does not exceed the value of the convergence
criterion adopted [42]. The effects of tool rotational speed, feed rate, step size, oil pressure
and direction of tool rotation were analysed based on different plots.

Table 5 shows the results of REML analysis for maximum formable wall angle. In
REML, whole plots are further divided into smaller portions known as subplots, to which
subplot factors were applied [37]. The subplot F-value of 35.53 implied the model is
significant. Statistically insignificant factors that affect the process were above the p-value
of 0.1. A p-value of 0.05–0.1 indicates marginally significant factors, and a p-value below
0.05 indicates that the factor is significant in the process. Feed rate and tool rotational
speed are key parameters that affect the maximum formable wall angle. This is in line
with the research findings by Durante et al. [43]. A faster tool rotational speed improves
the sheet formability [44]. As Kumar et al. [44] concluded, the formability increase is due
to both a positive reduction of the friction effects at the tool sheet interface and localised
heating of the sheet material. Although oil pressure is a statistically insignificant factor in
the whole model according to the variance components that were estimated using REML
the interaction between oil pressure and both tool rotational speed and direction of tool
rotation in the subplot is significant. Therefore, to maintain hierarchy, oil pressure was
added in the final model.
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Table 5. REML analysis of the maximum formable wall angle.

Source Term df Error df F-Value p-Value Significance

Whole plot 1 2.99 0.4910 0.5341 not significant
a—oil pressure 1 2.99 0.4910 0.5341 –

Subplot 13 7.00 35.53 <0.0001 significant
B—tool rotational

speed 1 7.01 126.43 <0.0001 –

C—feed rate 1 7.00 83.76 <0.0001 –
D—step size 1 7.02 20.44 0.0027 –

E—direction of
rotation 1 7.00 58.36 0.0001 –

aB 1 7.00 21.41 0.0024 –
aE 1 7.00 26.87 0.0013 –
BC 1 7.01 37.26 0.0005 –
BE 1 7.00 28.87 0.0010 –
CD 1 7.00 5.95 0.0448 –
CE 1 7.01 28.12 0.0011 –
DE 1 7.00 29.31 0.0010 –
B2 1 7.00 25.72 0.0014 -
D2 1 7.00 5.49 0.0516 -

Table 6 presents the restricted maximum likelihood analysis results of the maximum
formable wall angle at a confidence interval of 95%. The capability of the REML model is
higher than 0.98 indicating that this model fits well with the experimental data. Moreover,
the adjusted R2 value of 0.9957 was in reasonable agreement with the R2 value of 0.9852.
The final equation in terms of coded factors is as follows:

αmax = 51.27 + 3.37a + 4.1B − 3.14C + 1.67D + 2.06E + 2.46aB + 2.04aE − 2.64BC
+ 1.83BE + 1.02CD − 1.83CE + 1.83DE + 3.14B2 − 1.44D2 (3)

Table 6. Fit statistics for REML analysis of the maximum formable wall angle.

Standard
Deviation Mean Coefficient of

Determination R2

Adjusted
Coefficient of

Determination R2

Coefficient of
Variance, %

7.40 51.88 0.9852 0.9957 14.27

The function that describes maximum formable wall angle (αmax) is given in Equations (4)
and (5) in terms of actual factors:

- clockwise direction of tool rotation:

αmax = 44.95474 − 0.675055a − 0.008857B + 0.005483C + 26.08930D
+ 0.003382aB − 0.000013BC − 0.002245CD + 0.000021B2 − 54.62115D2 (4)

- counterclockwise direction of tool rotation:

αmax = 36.14228 + 1.74114a − 0.002936B + 0.005024C + 38.08526D +
0.003382aB − 0.000013BC − 0.002245CD + 0.000021B2 − 54.62115D2 (5)

A comparison of the experimental values of the maximum formable wall angle with
the values predicted by the REML model is presented in Figure 11. The strong correlation
between the predicted and actual values is confirmed by a proportional, close distribution
of points along the regression line. The distribution of externally studentized residuals
along the horizontal line (Figure 12a,b) shows that the distribution of residuals in the model
is normal. The normal distribution of the residuals is necessary to verify the significance of
the parameters obtained.
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maximum formable wall angle.

In general, an increase in oil pressure and simultaneously in tool rotational speed
increases the maximum formable wall angle (Figure 13a,b). In the case of the anticlockwise
direction of tool rotation, larger maximum formable wall angles are obtainable (Figure 13b).
This is due to the fact that a higher oil pressure increases the pressure of the sheet against
the tool, thus increasing the actual contact surface. Thus, the increased contact area causes
more intensive heat generation.

Under these conditions, the high rotational speed of the tool is able to heat the material
more and increase its formability. Increasing the tool rotational speed for a given level
of feed rate increases the maximum achievable forming angle (Figure 14a,b). The values
of maximum formable wall angle during SPIF with a counterclockwise direction of tool
rotation (Figure 15b) for the same value of feed rate and step size are greater than during
SPIF with a clockwise direction of tool rotation (Figure 15a). A decrease in feed rate leads
to an increase in maximum formable wall angle.
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3.3. In-Plane Force Fxy

The results of REML analysis for in-plane force Fxy are shown in Table 7. The subplot
F-value of 28.31 implied that the model was significant. Step size is the most significant
factor that affects the in-plane force in SPIF. To complete the part, the tool needs to travel
continuously inside the profile, and this required more pushing of the material during
forming. The reaction of the material will be greater with high step size values, finally
increasing both the in-plane and axial forces [45]. Tool rotational speed and the direction
of tool rotation have a significant effect; however, this is slightly smaller than step size.
Among all the parameters, the analysis shows that feed rate has the least influence on the
in-plane force value. Direction of tool rotation is a statistically insignificant factor in the
whole model according to the variance components that were estimated using REML.

Table 7. REML analysis of the in-plane force.

Source Term df Error df F-Value p-Value Significance

Subplot 5 15.12 28.31 <0.0001 significant
B–tool rotational speed 1 15.12 9.67 0.0071 –

C–feed rate 1 15.08 8.01 0.0126 –
D–step size 1 15.27 105.75 <0.0001 –

E–direction of rotation 1 15.04 9.63 0.0073 –
C2 1 15.13 11.56 0.0039 -

Table 8 presents the statistics of restricted maximum likelihood analysis of the in-plane
force at a confidence interval of 95%. The capability of the REML model is higher than 0.90,
indicating that this model fits well with the experimental data. Moreover, the adjusted R2

value of 0.8614 was in reasonable agreement with the predicted R2 value.

Table 8. Fit statistics of REML analysis of the in-plane force.

Standard
Deviation Mean Coefficient of

Determination R2

Adjusted
Coefficient of

Determination R2

Coefficient of
Variance, %

169.13 578.28 0.9018 0.8614 29.25

The final equation in terms of coded factors is as follows:

Fxy = 655.44 − 62.87B + 54.95C + 217.94D + 48.24E − 128.24C2 (6)

The function that describes the in-plane force (Fxy) is given in Equations (7) and (8) in
terms of actual factors:

- clockwise direction of tool rotation:

Fxy = −208.51375 − 0.178402B + 1.01061C + 935.29813D − 0.000361C2 (7)

- counterclockwise direction of tool rotation:

Fxy = −146.07492 − 0.178402B + 1.01061C + 935.29813D − 0.000361C2 (8)

Figure 16 shows a comparison of the experimental values of the in-plane force with
the values predicted by the REML model. The in-plane force values are evenly distributed
around the diagonal. Similarly, externally studentized residuals are proportionally dis-
tributed throughout the range of predicted values of in-plane force (Figure 17a). A studen-
tized residual is the quotient resulting from the division of a residual by an estimate of
its standard deviation. The normal distribution of the externally studentized residuals is
proved by Figure 17b: the residuals lie close to a straight line.
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Reducing the rotational speed of the tool for both directions of tool rotation analysed
causes an increase in the in-plane force (Figure 18a,b). The highest in-plane force values are
predicted by the REML model in the middle range of feed rate changes and for the lowest
tool rotational speed. This phenomenon is observed for both directions of tool rotation.
However, in the case of the anticlockwise direction (Figure 18b), the predicted in-plane
forces are higher than that for the clockwise direction (Figure 18a).

A very similar trend of the isolines of values of in-plane force is observed after in-
creasing the step size to 0.5 mm (Figure 19a,b). The maximum value of in-plane force is
predicted for a feed rate of around 1400 rpm. This conclusion is in line with the results of
Baharudin et al. [45]. In the case of the anticlockwise direction of tool rotation (Figure 18b),
the area of high in-plane force values extends to the tool rotation range of 100–700 rpm.
This proves the increased resistance to movement of the anticlockwise rotating tool. Under
these conditions, the tool rotates in the opposite direction to the tool feed, intensifying the
frictional interaction of the tool tip with the inner surface of the drawpiece.
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(a) clockwise and (b) anticlockwise direction of tool rotation; step size 0.5 mm.

3.4. Axial Force Fz

Table 9 shows the results of the REML analysis for the axial force Fz. The subplot
F-value of 44.58 implied that the model was significant. Tool rotational speed and step
size are key parameters that affect the axial force, followed by feed rate. The results of
the investigations of Baharudin et al. [45] also showed that the rotation spindle speed was
the most dominant parameter affecting the forming forces, followed by feed rate. The
interaction between oil pressure and step size in the subplot is significant. Therefore, to
maintain hierarchy, oil pressure was included in the final REML model. Direction of tool
rotation, as an insignificant parameter, was excluded from the subplot.

Table 10 presents the statistics of REML analysis results of the axial force at a confidence
interval of 95%. The capability of the REML model is higher than 0.94, indicating that
this model fits well with the experimental data. Moreover, the adjusted R2 value of 0.9172
was in reasonable agreement with the R2 value of 0.9483. From the REML results for the
responses, it was inferred that the statistical model developed was adequate. Therefore,
this model can be used to predict axial force in the design space.
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Table 9. REML analysis of the axial force Fz.

Source Term df Error df F-Value p-Value Significance

Whole-plot 1 2.52 0.0327 0.8700 not significant
a-oil pressure 1 2.52 0.0327 0.8700 –

Subplot 6 15.10 44.58 <0.0001 significant
B–tool rotational speed 1 15.56 42.77 <0.0001 –

C–feed rate 1 15.11 13.87 0.0020 –
D–step size 1 16.74 169.63 <0.0001 –

aD 1 14.66 7.77 0.0140 –
BC 1 15.58 4.37 0.0535 –
D2 1 14.17 6.05 0.0273 –

Table 10. Fit statistics of the REML analysis of the axial force.

Standard
Deviation Mean Coefficient of

Determination R2

Adjusted
Coefficient of

Determination R2

Coefficient of
Variance, %

113.06 1964.72 0.9483 0.9172 5.75

The final equation in terms of coded factors is as follows:

Fz = 2035.37 + 7.28a − 194.57B + 103.26C + 403.61D − 115.13aD + 74.46BC − 122.30D2 (9)

The function that describes axial force (Fz) is given in Equation (10) in terms of actual
factors:

Fz = 1060.64434 + 117.61102a − 0.675077B + 0.027296C + 4827.63140D −
375.50316aD + 0.000199BC − 3146.10137D2 (10)

A comparison of the experimental values of the axial force with the values predicted by
the REML model is presented in Figure 20a. The high correlation between the predicted and
actual values is confirmed by a proportional, close distribution of points along the regression
line. The distribution of externally studentized residuals along the horizontal line (Figure 20b)
shows that the distribution of residuals in the model is normal. The normal distribution of the
residuals is necessary to verify the significance of the parameters obtained.
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The change in oil pressure at a constant step size value did not have a significant
effect on the axial force (Figure 21a,b). However, at the lowest tool rotational speed
analysed of 100 rpm with an increase in step size, the axial force increased at a faster
rate (Figure 21a) than during forming with the highest tool rotational speed analysed of
1000 rpm (Figure 21b). In general, the smallest axial forces resulting from the pressure of
the sheet against the tool occur for the smallest pressure and the smallest step size. The
high concentration of isolines in Figure 22a,b proves the strong influence of tool rotational
speed and feed rate on the axial force. The interactional effects of these two parameters
are inversely proportional. The greatest axial force predicted by the REML model occurs
when forming with the lowest tool rotation speed and at the same time with the highest
feed rate. SPIF with high tool rotational speed and at the same time low feed rate led to a
low axial force.
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3.5. Numerical Optimisation

Desirability-based optimisation of the forming parameters was performed based on the
desirability of multiple responses [20,44]. The optimisation procedure combines individual
desirabilities into a single number and then searches for the greatest overall desirability [20].

114



Metals 2022, 12, 113

Maximum forming angle is an output response that needs to be maximised, and therefore
the higher the better is selected as an optimisation constraint. Limitations and constraints
for the optimisation of the maximum formable wall angle are shown in Table 11. As an
optimal value, the solution with the highest desirability value is chosen.

Table 11. Limits used and goals for optimisation (“+” – clockwise direction, “−“– counterclockwise
direction of tool rotation).

Constraint Name Goal Lower Limit Upper Limit

a—oil pressure, bar is in range 1 4
B—tool rotational speed, rpm is in range 100 1000

C—feed rate, mm/min maximise 500 2000
D—step size, mm maximise 0.1 0.5

E—direction of tool rotation is in range “−” “+”
Maximum formable wall angle α, ◦ maximise 30 90

Axial force Fz, N minimise 1132 2566
In-plane force Fxy, N minimise 132 966

Optimisation outcomes are shown in Figure 23. The higher up the ramp, the better
the desirability [20]. Considering maximum formable wall angle as output response, the
best optimised value of this parameter is 64.19◦, which can be obtained when formed with
1000 rpm spindle speed, 2000 mm/min feed rate, 0.38 mm step size, 4 bar oil pressure, and
counterclockwise direction of tool rotation.

Figure 23. Ramp plot for optimal responses.

The synergistic effect of high feed rate and tool rotational speed result in the most
intensive friction stir rotation-assisted heating in SPIF. A high value of oil pressure presses
the sheet against the tool tip, and as it is commonly known, greater pressure causes greater
friction force. The temperature in the contact zone is the basic parameter that determines
the possibility of forming α + β Ti-6Al-4V titanium alloy. Moreover, the toolpath climb
strategy, in which the tool and the toolpath move in opposite directions, was seen to provide
higher formability in terms of a maximum forming wall angle. This strategy, similar to
climb milling, provides a more intense friction interaction between the sheet and the tool
than the conventional SPIF strategy.
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4. Conclusions

In this paper, a split-plot I-optimal design was used to determine the input parameters
for the warm SPIF process on Ti-6Al-4V sheets in order to maximise the formable wall angle
and to predict the in-plane and axial forming force components. Models were fitted using
REstricted Maximum Likelihood (REML), and p-values are derived using the Kenward–
Roger approximation. The following main conclusions can be drawn from the research:

• Observation of the fracture surface of Ti-6Al-4V drawpieces showed that the destruc-
tion is the result of a ductile fracture mode. An underside view of the fracture surface,
related to the inner surface of the sheet, shows dimples similar to the ones due to
ductile fracture under tensile stress. The outer part of the fracture surface presents
small, partially formed dimples typical of shear load conditions.

• A simultaneous increase in oil pressure and tool rotational speed increases the maxi-
mum formable wall angle. In the case of the anticlockwise direction of tool rotation,
larger maximum formable wall angles are obtainable.

• Feed rate and tool rotational speed are key parameters that affect the maximum
formable wall angle.

• The high tool rotational speed is able to heat the material more and increase its
formability. Increasing the tool rotational speed for a given level of feed rate increases
the maximum achievable forming angle.

• Step size is the most significant factor that affects the in-plane SPIF force. Tool rota-
tional speed and the direction of tool rotation have a significant effect; however, it is
slightly smaller than step size.

• Tool rotational speed and step size are the most significant factors that affect the axial
force, followed by feed rate.

• The change in oil pressure at a constant step size value did not have a significant effect
on the axial force.

Future research should determine the influence of process parameters, in particular
oil pressure and direction of tool rotation, on the shape and dimensional accuracy of
the drawpieces. In addition, the effect of process parameters on the surface roughness
parameters (Ra and Rz) of the inner and outer surfaces of drawpieces will be examined.
Future studies, including the evaluation of residual stress gradients during both climbing
and conventional SPIF, are therefore necessary to obtain a better understanding of the
processes and behaviours affecting warm forming of Ti-6Al-4V Ti-based alloy sheets.
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Titanium Alloy Sheets. Materials 2021, 14, 6372. [CrossRef] [PubMed]
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Abstract: In order to analyze the flatness control characteristics for a certain UCMW (Universal Crown
Mill with Work roll shifting) cold rolling mill, combined with the actual parameters in the field,
a static simulation model of the quarter roll systems of the UCMW cold rolling mill was established
by the ANSYS finite element software. The bearing roll gaps under the factors of the unit width
rolling force, the roll bending force and the roll shift were calculated, which reflects the shape control
characteristics and has a great influence on the friction and lubrication characteristics between the
roll gaps. Additionally, the shape control strategy of the process parameters in the field was put
forward. The results show that, at first, the work roll shift is the most effective shape control means,
while the current-used range of the intermediate roll shift cannot make full use of the roll end contour
of the intermediate roll, so the intermediate roll negative shift should be considered for shape control.
At second, the excessive rolling force goes against the shape control, so the rolling force of each stand
should be reasonably distributed. Finally, the shape control ability of the bending force is relatively
weak, so the range of the work roll bending force should be appropriately increased.

Keywords: UCMW cold rolling mill; finite element simulation; roll gap friction; shape control

1. Introduction

In recent years, with the increasing of downstream manufacturers’ requirements on the quality of
cold-rolled strip products, the shape quality requirements on cold-rolled strips have become more
stringent. Therefore, rolling mills with high-precision shape control ability have been more and
more widely used. The UCMW (Universal Crown Mill with Work roll shifting) cold rolling mill,
developed on the basis of the HC (High Crown) rolling mill, is the most representative one. It has been
widely used in rolling non-oriented silicon steel with strict quality requirements because of its great
performance in shape control [1–4]. The UCMW cold rolling mill is equipped with a work roll positive
and negative bending roll mechanism and an intermediate roll positive bending roll mechanism to
enhance the regulating ability of the bearing roll gap crown. Additionally, it has an intermediate roll
axial traverse mechanism. The transverse rigidity of the bearing roll gap can be infinitely increased
theoretically by adjusting the position of the intermediate roll, so the rolling stability is improved.
Moreover, a single taper work roll axial traverse mechanism has been equipped to effectively control
the strip edge drop and reduce the strip edge cut loss, so that the control accuracy of the strip lateral
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thick difference can be improved. With reasonable cooperation of the different shape control means,
it can effectively improve the shape control ability [5–10].

During the rolling process, the shape of the rolled product is actually determined by the roll gap.
Therefore, the bearing roll gap is an important basis for reflecting the shape control characteristics.
The shape control characteristics of the rolling mill can be fully played by researching the influence of
different factors on the bearing roll gap [11–14]. For bearing roll gaps, Z. D. Han et al. [15] analyzed
the influence of factors such as rolling force, bending force, and strip width on the bearing roll gaps
during the strip production process by using the influence function method. X. C. Wang et al. [16]
analyzed the influence of the work roll shape height on the regulation ability of the rolling mill edge
drop by using the partition matrix iteration method and the influence function method. Aiming at the
problem of high precision shape quality of cold-rolled strips, J. G. Cao et al. [17] proposed a control
strategy which is a whole-unit integrated shape for the strip cold rolling mill.

In order to further grasp the shape control performance of the UCMW cold rolling mill during the
rolling of non-oriented silicon steel, the effects of different factors on the bearing roll gap are grasped
comprehensively by the finite element simulation combined with the parameters in the field, which can
provide a theoretical basis for solving the shape problem in the field.

2. Establishment of Finite Element Model of UCMW Cold Rolling Mill Roll System

2.1. Rolling Mill Parameters and Model Establishment

Taking the UCMW cold rolling mill of a non-oriented silicon steel rolling production line as
the research object, the static simulation model of the quarter roll system of the UCMW cold rolling
mill shown in Figure 1 was established by using the general ANSYS finite element software. In the
actual rolling process, the bearing roll gap of the rolling mill is influenced by many factors such as
strip tension, rolling torque, material characteristics, lubrication condition, rolling parameters and
rolling temperature, and these factors always change during the actual rolling process, which always
influences the bearing roll gap. It is impossible for the finite element model to take into account all the
factors, and the necessary assumptions and simplifications must be made:

(1) Ignore the effects of the strip tension and the rolling torque.
(2) The material of the roll is uniform and isotropic.
(3) The axis of the roll is coplanar, which is symmetrical.
(4) There is no relative sliding between the rollers.
(5) The influence of rolling temperature is not considered, namely, ignore the influence of

thermal crown.
(6) Only the deformation of the roll system below the rolling line is calculated, and the interaction of

the strip and the roll system is reflected by the uniformly distributed pressure.
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The literatures [18–20] show that this model has good applicability in calculating the influence
of parameters on the roll gap during rolling. The main geometric parameters of the roll system are
shown in Table 1. Among them, the shape of the backup roll is a double-sided taper roll, the shape of
the intermediate roll and the work roll are single-sided taper roll, and the roll shape structure of the
single-sided taper work roll is shown in Figure 2, taper length L1 = 150 mm. The roll shape of the work
roll and the intermediate roll are input by points, so that the actual situation of the roll shape can be
accurately reflected, and the initial end roll shape parameters are shown in Table 2.

Table 1. The main parameters of roll system.

Roll Roll Neck (Diameter/mm × Length/mm) Roll Body (Diameter/mm × Length/mm)

Backup roll 770 × 1090 1300 × 1420
Intermediate roll 320 × 975 490 × 1500

Work roll 280 × 1035 425 × 1600
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Table 2. The initial end roll shape parameters.

Roll Shape Distance from the Midpoint of the Roll/mm Radius Difference/mm

The work roll

800 0.38
790 0.33102
780 0.28542
770 0.24320
760 0.20435
750 0.16889
740 0.13680
730 0.10809
720 0.08276
710 0.06080
700 0.04222
690 0.02702
680 0.01520
670 0.00676
660 0.00147
650 0

The Intermediate roll

−750 2.4
−740 1.53473
−730 0.86273
−720 0.38326
−710 0.09579
−700 0
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In order to make the finite element model consistent with the reality, the material characteristics
of rolls use actual characteristics (Young’s modulus E = 2.1 × 105 MPa, Poisson’s ratio v = 0.3). The roll
system is divided by the Solid45 element and the contact area between the work roll and strip is
subdivided by the Solid95 element. The contact element is added to the surface between the rollers,
the backup roll and work roll is Target170 element, and the intermediate roll is Contact174 element.
As a result, this model is divided into 38,304 elements and 44,113 nodes.

Based on the actual force conditions of the rolling mill and the characteristics of the rolling process,
these displacement constraints are imposed on the established finite element model: (1) Apply symmetry
constraints and X direction displacement constraints on all nodes of the YZ plane of the roll system:
UX = 0; (2) Apply a Y direction displacement constraint at the midpoint of the top contact line on
the backup roll: UY = 0; (3) Apply a Z direction displacement constraint at the geometric centers
of the work roll, intermediate roll and backup roll: UZ = 0. The loads are further applied to the
model. (1) Rolling force: it is applied on the upper contact line of the work roll as a uniform load.
(2) Bending force of the intermediate roll and the work roll: it is applied in the center of the journal
section of both ends of the intermediate roll and the work roll as a concentrated force. The bearing
condition of the roller system and the bearing roll gap are shown in Figure 3. The deformation of
the work roll surface is calculated by finite element simulation, and then the bearing roll gap can
be calculated.Metals 2020, 7, x FOR PEER REVIEW 5 of 13 
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2.2. Field Data Acquisition and Simulation Condition Design

In order to analyze the shape control characteristics of the UCMW mill, this paper mainly
focuses on several main means of shape control, such as: unit width rolling force q, intermediate
roll bending force Fi, work roll bending force Fw, intermediate roll shift Si and work roll shift Sw.
Among them, the definition of the intermediate roll shift Si and the work roll shift Sw is shown
in Figure 4. According to the date tracked and the various parameters of each stand in the field,
the simulation condition is designed as shown in Table 3. Other factors are controlled as the initial
state when researching the influence of a single factor, setting Fi = 80 kN, Fw = 80 kN, Si = 0 mm,
Sw = 0 mm, q = 9 kN/mm as the initial state.
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Figure 4. Roll shift amount. (a) Zero shifting roll position, (b) positive shifting roll position.

Table 3. Simulation condition.

Parameters On-Site Value Range Simulation Value

Strip width B/mm 1000~1200 1000, 1100, 1200
Unit width rolling force q/(kN/mm) - 6, 9, 12

Intermediate roll bending force Fi/kN 80~220 80, 150, 220
Work roll bending force Fw/kN 80~220 80, 150, 220
Intermediate roll shift Si/mm

Work roll shift Sw/mm
0~80
−80~80

−40, 0, 40, 80
−80, −60, −40, 0, 40, 80

3. Experimental Verification of the Model

In order to verify the accuracy of the model, the lateral thick difference of the roll gap calculated by
the model is compared with the lateral thick difference of the strip obtained by field measurement. It is
found that the model calculation result is in the same trend as the field measurement result, and the
error is also acceptable. One of the working condition parameters is that the strip width B = 1240 mm,
the rolling force Q = 11,384.7 kN, the work roll bending force Fw = 195 kN, the intermediate roll
bending force Fi = 228 kN, the work roll shift Sw = −70 mm and the intermediate roll shift Si = 10 mm.
The calculation conditions of the simulation are basically identical with the rolling conditions of the
first stand of the non-oriented silicon steel grade 50SW1300 in the field. The comparison between the
simulation results and the measured results is shown in Figure 5.
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It can be seen that although the simulation results are larger than the measured results, whether the
crown or the edge drop, the error is also acceptable. The simulation result is larger because this
model does not consider some factors of the strip (strip deformation resistance, tension, etc.), so the
simulation result is satisfactory. This model is suitable for analyzing the influence of the parameters on
the deformation of the roll system.

4. Analysis of Shape Control Characteristics for UCMW Cold Rolling Mill

4.1. Effect of Unit Width Rolling Force on Roll Gap Shape

The effect of the unit width rolling force on roll gap shape is shown in Figure 6. The results of
the 1100 mm width strip in Figure 6a show that the bearing roll gap crown decreases from 207.8 µm
to 74.6 µm (i.e., 64.1% drop) and the bearing roll gap edge drop decreases from 96.4 µm to 39.7 µm
(i.e., 58.8% drop) when the unit width rolling force decreases from 12 kN/mm to 6 kN/mm, which easily
causes the shape problem of excessive crown, especially the excessive edge drops for the S1 and S2
stands with the relatively large rolling forces. Then, it can be seen from Figure 6b that at the same
unit width rolling force, the roll gap crown changes little with the increase in strip width. As shown
in Figure 6c, the variation of the roll gap crown corresponding to the variation of the unit width
rolling force is basically the same for the strip with different widths, which indicates that there is little
difference between the crown and edge drop control when using the same unit width rolling force to
roll the non-oriented silicon steel with different widths.

4.2. Effect of Intermediate Roll Bending Force on Roll Gap Shape

The effect of intermediate roll bending force on roll gap shape is shown in Figure 7. The analysis
results of the 1100 mm width strip in Figure 7a show that the bearing roll gap crown decreases from
141.3 µm to 135.5 µm (i.e., 4.1% drop) and the bearing roll gap edge drop decreases from 68.1 µm to
66.9 µm (i.e., 1.8% drop) when the intermediate roll bending force increases from 80 kN to 220 kN,
which is the minimum and maximum values of the actual rolling parameters. As shown in Figure 7b,
the variation of the roll gap crown corresponding to the variation of the intermediate roll bending
force is basically the same for the strip with different widths, which indicates that the intermediate
roll bending force has basically no effect on the shape control within the current-used range of the
intermediate roll bending force in the field.

4.3. Effect of Work Roll Bending Force on Roll Gap Shape

The effect of the work roll bending force on roll gap shape is shown in Figure 8. The results of
the 1100 mm width strip in Figure 8a show that the bearing roll gap crown decreases from 141.3 µm
to 80 µm (i.e., 43.4% drop) and the bearing roll gap edge drop decreases from 68.1 µm to 49.1 µm
(i.e., 27.9% drop) when the work roll bending force increases from 80 kN to 220 kN, which are the
minimum and maximum values of the actual rolling parameters. It indicates that the shape control
ability of the UCMW rolling mill is still not strong within the current-used range of the roll bending
force in the field, but the shape control ability of the work roll bending force is more than 10 times
that of the intermediate roll bending force within the same range of roll bending force. As shown in
Figure 8b, the variation of the roll gap crown corresponding to the variation of the work roll bending
force is basically the same for the strip with different widths.

It can be seen that the work roll bending force should be the main control means based on the
results of the effects of the intermediate roll bending force and the work roll bending force on the roll
gap shape. More importantly, the current-used range of the work roll bending force in the field should
be increased to better exert the shape control characteristics of the bending force.
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4.4. Effect of Intermediate Roll Shift on Roll Gap Shape

The effect of the work roll bending force on roll gap shape is shown in Figure 9. The results of
the 1100 mm width strip in Figure 9a show that the bearing roll gap crown decreases from 230.2 µm
to 141.3 µm (i.e., 38.6% drop) and the bearing roll gap edge drop decreases from 90.8 µm to 68.1 µm
(i.e., 25% drop) when the intermediate roll shift decreases from 80 mm to 0 mm, which is the current-used
range of intermediate roll shift in the field. As shown in Figure 9b, the variation of the roll gap crown
corresponding to the variation of the intermediate roll shift is slightly different for the strip with
different widths; the variation of the 1000 mm width strip is 86.2% of the 1200 mm width strip.
The above results show that within the current-used range of the intermediate roll shift in the field,
the smaller the roll shift is, the better the shape control ability shows. In fact, the current-used range
of the intermediate roll shift cannot make full use of the roll end contour of the intermediate roll.
As shown in Figure 9a, the roll gap crown and edge drop are greatly decreased when the intermediate
roll is negatively shifted. They decrease by 41.5% and 21.1%, respectively, when the intermediate roll
shift decreases from 0mm to −40 mm, which indicates that the intermediate roll negative shift should
be considered to make full use of the roll end contour of the intermediate roll to shape control.
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4.5. Effect of Work Roll Shift on Roll Gap Shape

The effect of the work roll bending force on roll gap shape is shown in Figure 10. The results of
the 1100 mm width strip in Figure 10a show that the work roll positive shift (i.e., Sw > 0 mm) has
little influence on the roll gap crown and edge drop. The decreased ratio of the crown and edge drop
between Sw = 80 mm and Sw = 0 mm is 20.6% and 12.9%. However, the roll gap edge region has a
significant change which makes the roll gap crown and edge drop significantly decreased, especially
the edge drop, as the work roll negative shift (i.e., Sw < 0 mm) increases. The roll gap crown and
edge drop decrease by 22.8% and 20.2%, respectively, when the work roll shift decreases from 0 mm to
−40 mm, which indicates that the control ability of the work roll shift to the roll gap crown is smaller
than the intermediate roll shift, but it is stronger for roll gap edge drop compared with the results of
the intermediate roll shift Si = −40 mm. The roll gap edge region has a significant local change when
the work roll shift is Sw = −60 mm and Sw = −80 mm. The edge drop value at Sw = −60 mm is 44.8%
lower than Sw = 0 mm. Moreover, the phenomenon of the local increase in the roll gap edge appears
when the work roll shift is Sw = −80 mm, which indicates that the more the roll end contour enters in
the strip width range, the stronger the local control ability of the strip edge drop shows.
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5. Conclusions

Through the above finite element simulation analysis, the conclusions are:
(1) According to the results of the effect of the unit width rolling force on roll gap shape, it can be

seen that the rolling force of the S1 and S2 stands is relatively large in the field, which easily causes the
shape problem of excessive crown and edge drop. Meanwhile, the friction condition between the roll
and the strip will deteriorate because of the large rolling force. Therefore, the rolling force of each stand
needs to be distributed appropriately, with an aim to avoid too much rolling force in a certain stand.

(2) The results of the intermediate roll bending force and the work roll bending force show that
the intermediate roll bending force has basically no effect on the shape control. Although the shape
control ability of the work roll bending force is more than 10 times that of the intermediate roll bending
force, it is still insufficient. Therefore, the range of the work roll bending force should be appropriately
increased to fully use the control ability of the bending force.

(3) The smaller the intermediate roll shift is, the better the control ability of the crown and edge
drop shows within the current-used range of the intermediate roll shift. Moreover, the means of the
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intermediate roll negative shift should be taken to make use of the roll end contour of the intermediate
roll for shape control.

(4) The influence of the work roll positive shift on the roll gap crown and edge drop is small.
However, the work roll negative shift has significant control on the crown and edge drop because the
roll end contour can enter in the strip width range. Notably, the more the roll end contour enters the
strip width range, the stronger the local control ability of the strip edge drop shows.
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Abstract: Lubricant has been widely applied to reduce wear and friction between the contact surfaces
when they are in relative motion. In the current study, a nonequilibrium molecular dynamics (NEMD)
simulation was specifically established to conduct a comprehensive investigation on the dynamic
contact between two iron surfaces in a boundary friction system considering the mixed C4-alkane
and nanoparticles as lubricant. The main research objective was to explore the effects of fluid and
nanoparticles addition on the surface contact and friction force. It was found that nanoparticles
acted like ball bearings between the contact surfaces, leading to a change of sliding friction mode to
rolling friction mode. Under normal loads, plastic deformation occurred at the top surface because
nanoparticles were mainly supporting the normal load. By increasing the number of C4-alkane
molecules between two contact surfaces, the contact condition has been changed from partial to full
lubrication. In addition, an attractive force from the solid–liquid LJ interaction between C4-alkane
and surfaces was observed at the early stage of sliding, due to the large space formed by wall surfaces
and nanoparticles. The findings in this paper would be beneficial for understanding the frictional
behavior of a simple lubricant with or without nanoparticles addition in a small confinement.

Keywords: boundary lubrication; friction contact; molecular dynamics simulation; fluid lubricant;
nanoparticles; nanotribology

1. Introduction

Recent experiments have found that adding nanoparticles to a lubricant has a sig-
nificant influence on reducing wear and friction. The types of nanoparticles include
metallic [1,2], metallic oxides [3–5] and non-metallic [6–10]. A comprehension discussion
and summary on the roles of nanoparticles in oil lubrication has been carried out recently
by Dai et al. [11]. They have compared the effects of chemical and physical properties of
nanoparticles as well as their morphology and size on the lubricating performances. Due
to the chemical composition of nanoparticles, a tribofilm was formed to protect the friction
surface [12]. The size of nanoparticles showed visible effects on both friction and wear.
The ideal particle size mainly depends on the working condition. Small nanoparticles can
easily enter the contact interface, yielding a relatively low friction coefficient [13]. The
main morphology of nanoparticles is spherical, followed by sheet, granular, onion and
tube, which determines the lubrication conditions which are rolling, sliding, exfoliation, or
a combination of all [14]. Moreover, nanoparticles can also affect lubricant flow behavior.
A so-called plug flow occurring with nanoparticles and localized shear at surfaces were
observed by Sperka and co-authors [15]. In addition, Ghaednia et al. [16] and Jackson
et al. [17] have also studied the interactions between nanoparticles with the lubricant or sur-

133



Metals 2021, 11, 1464

faces, and they both found a friction reduction mechanism separately when nanoparticles
were present in the lubricants.

However, these mechanisms cannot be directly observed by experiments. Molecular
dynamic (MD) simulations provide one of the most cost-effective and precise approaches to
investigate molecular or atomistic level phenomenon [18–20]. To date, several simulations
based on the molecular dynamics method have been conducted to investigate surface
contact and the frictional characteristics of various lubricants and nanoparticles. There are
models including single asperity [21], amorphous [22] or 2D rough surface [23], 3D rough
surface contact [24], thin film model with flat surface [25] and 3D rough surface [26,27]. It
should be pointed out that all these above-mentioned simulations with sliding walls are
nonequilibrium molecular dynamics (NEMD) simulations in tribology [28]. According to
previous studies [29–35], there is no doubt that NEMD simulations provide unique insights
into understanding the nanoscale friction and lubrication mechanisms. For example,
Lee et al. [29] studied the rolling resistance of a rigid Ni sphere of Cu substrate. The
distribution of contact pressure during indentation was found to be mainly affected by the
atomic terraces of the sphere. Their simulations also indicated that smaller nanoparticles
and surface with adhesion showed a larger friction coefficient. Joly-Pottuz et al. [30]
simulated a rolling-sliding behavior of carbon onions between DLC surfaces, which agreed
well with TEM and STM experimental observations. Bucholz et al. [31] found that the
interfacial bonds during friction determined the rolling and sliding condition. The NEMD
simulations by Eder et al. [32] were about the abrasion process considering a rough iron
surface having multiple hard abrasive particles. Ewen et al. [33] developed a model
containing two different carbon nanoparticles between iron surfaces and studied the
influence of nanoparticle type and coverage. They also discussed the influences of local
pressure and velocity on friction. Shi et al. [34] studied the effect of nanoparticle shape on
its frictional condition. Their simulation results revealed that the movement pattern turned
into rolling from sliding when the nanoparticles were closer to a sphere. Su et al. [35] mixed
water and nanodiamonds that had charges as lubricant confined by two gold surfaces.
They claimed that the nanodiamonds with negative charges dramatically increased friction
force due to the combination of rolling and cutting movement patterns.

However, the reports about the anti-wear mechanisms of fluid containing nanoparti-
cles are still limited. Lv et al. [36] carried out MD simulations of Cu-Ar nanofluids confined
within two solid surfaces. It has been found that the nanoparticles exerted a supporting
force at the plates and further reduced the contact of two solid surfaces, weakening the
friction effect. In addition, with an increase in pressure, nanoparticles were cut and ab-
sorbed into the solid surface that possessed a potential influence to fill for rough plates. Ji
et al. [37] performed MD simulations to investigate the roles of nanoparticles on the sliding
friction process. According to their simulation results, nanoparticles had a filling effect to
smooth the contact surface and further to reduce the friction force. Hu et al. [38,39] studied
the effect of nanoparticles by considering interactions with the base fluid. They observed
a higher transition pressure due to the presence of nanoparticles. Moreover, they also
compared the effect of the diamond and SiO2 nanoparticles during sliding. Specifically,
hard nanoparticles were found to polish the friction surfaces.

In the boundary and mixed lubrication conditions, direct metal/metal contacts often
occur due to less liquid lubricants [40]. Therefore, it is very critical to explore the effect of
fluid combining with nanoparticles on preventing direct surfaces contact. In our previous
reports [25–27], we have systematically studied the influence of surface roughness during
dry or lubricated contact conditions. The current work is an extension of these studies.
NEMD simulations considering the lubricating conditions between two iron wall surfaces
using the mixed C4-alkane and nanoparticles is specifically performed to investigate the
influences of fluid and nanoparticle and associated mechanisms on surfaces contact and
friction force evolution. This study provides a fundamental understanding on the roles of
mixed fluid and nanoparticles in the boundary lubrication system that will be beneficial
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for understanding the frictional behavior of a simple lubricant with or without adding
nanoparticles in a small confinement.

2. Materials and Methods
2.1. Materials and Model Setup

The MD simulation is performed through a large scale Atomic/Molecular Massively
Parallel Simulator (LAMMPS) [41], which has been proven to be a very powerful MD
simulator. As displayed in Figure 1, the geometry model consists of two <001> oriented
BCC iron upper and lower walls, randomly distributed C4 molecules and 16 iron rigid
nanoparticles with radius 8 Å, which leads to about 19% surface coverage by the nanopar-
ticles. It should be noted that the use of iron for walls and nanoparticles is a simplification
in this study. The iron wall is divided further into three regions: rigid region, thermostat
region and free deformable region. Periodic boundary conditions have been defined along
the X/Y lateral directions. In contrast, the Z normal direction is variable when the system
height fluctuates; the system is compressed and sheared under 4 normal loads of 0.25, 0.5,
0.75 and 1.0 GPa. The lower and upper iron walls slide against each other with a velocity
of 20 m/s in the X direction, which results in the lubricant shearing at 40 m/s. It should be
stated that the relative motion velocity of 40 m/s is quite high compared to the practical
applications and real experiments; however, it is mainly used in this study to model several
sliding cycles within a reasonable simulation time. In the current investigation, different
amounts of C4-alkane molecular are used to construct lubricant flow, which could provide
a different lubricated condition, such as less or full lubrication.
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Figure 1. (a) A typical molecular structure showing C4-alkane and 16 nanoparticles were confined between the iron walls
and (b) top view of nanoparticles and C4-alkane fluid. Normal load (P) is only applied on the upper rigid region, but the
lower rigid region is fixed in the Z direction. These white arrows exhibit the sliding direction at a speed of 20 ms/s imposed
on rigid regions.

2.2. Force Field

In this work, there might be a severe plastic deformation that intensively depends
on the proper force field, which could not be handled correctly through simple potentials
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including the Morse and Lennard–Jones potentials. Therefore, the embedded-atom method
(EAM) force field designed for solid Fe was used in this work [42].
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Etorsion = c0 + c1[1 + cos(α)] + c2[1 − cos(2α)] + c3[1 + cos(3α)] (5)

The C4-alkane is simulated by the TraPPE United Atom force field which utilizes
pseudo-atoms to represent the CHx groups [43]. It should be noted that, TraPPE United
Atom for field is not the best one to accurately describe the material properties compared
to other advanced force fields, but it is still widely used from the consideration of com-
putational efficiency [25–27,43–45]. Thus, we have applied the TraPPE United Atom force
filed for atomistic simulations in order to reduce the computational cost, which is very
important for NEMD simulations when there are a huge number of cases to run. The
bond stretching of Ebond, angle bending of Ebend and torsion angle of Etorsion have been
calculated by Equations (3)–(5), respectively. The Lennard–Jones potential is used to model
the interactions between the segment-pairs that are separated by more than three bonds
as displayed in Equation (1). The interactions between surface–particle, liquid–particle,
and particle–particle are also calculated by LJ potential. The parameters of unlike interac-
tions were calculated by the Lorentz–Berthelot combining laws; see Equation (2). All the
TraPPE-UA and LJ potential parameters are listed in Table 1.

Table 1. The corresponding potential parameters used for alkane and Fe in this study [43,46,47].

LJ 12-6 Potentials σ (Å) ε(eV) Mass (g/mol)

CH3 3.75 0.008444 15.0351
CH2 3.95 0.003963 14.0272
CH 4.68 0.000861 13.0191

Fe * [46] 2.321 0.02045 55.8450

Bond Kb (eV/ Å2) r0 (Å)
C-C [47] 39.0279464 1.54

Angle Kθ (eV/rad2) θ0 (degrees)
C-C-C 5.3858393 114

Dihedral c0 (eV) c1 (eV) c2(eV) c3 (eV)
C-C-C-C 0 0.030594 −0.005876 0.068190

* —LJ parameters of Fe are for surface–particle, liquid–particle and particle–particle interactions.

3. MD Simulation Procedures

The detailed model geometry has been introduced in the previous section. Each MD
simulation is divided into three steps. The first step is dynamic relaxation with 200 ps.
The atoms of both lower and upper rigid layers are constrained to maintain the system
height, which allows these lubricant molecules to fully relax and the model to reach
equilibrium with no variation in the energy of the system. In the second step, uniformly
distributed loads of 0.25, 0.5, 0.75 and 1.0 GPa are added on the atoms belonging to the
upper rigid layer. On the other hand, the atoms of the lower rigid layer are fixed along
the normal direction, and therefore the lubricant is compressed. However, the rigid layers
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are limited within a maximum distance of 0.00025 Å every time step during the limited
compression to achieve gentile touch between deformable layers and rigid particles. Within
this stage, in order to maintain the temperature at 300 K, the Nose–Hoover thermostat [48]
is applied on the atoms of thermostat layers with a damping coefficient of 100 fs. After the
limited compression for 600 ps, the rigid layers are updated freely at each time step for
the subsequent 200 ps. The last step is a sliding or shearing process. The atoms of upper
rigid layer are sliding at a velocity of 20 m/s along the X direction for 3000 ps. The same
sliding velocity is applied to the atoms of lower rigid layer but in an opposite direction,
which results in the lower and upper walls sliding and lubricant shearing. During this
step, the energy is dissipated via thermostat regions. In order to conduct the numerical
integration of atomic classical equations of motions, the Velocity–Verlet algorithm is used
in the present study, and the time step is set to 2 fs. The total simulation time was 4000 ps.
For the post-processing of simulation data, both friction force and system height are saved
every 4 ps, and a smooth window with size of 20 is used for figure plotting.

4. Results and Discussion

During the dynamic relaxation step, different numbers of C4-alkane from 500 to
4000 molecules are used as lubricants. Figure 2 exhibits a typical example that 1500 C4-
alkane molecules and 16 rigid particles are fully relaxed during the first 200 ps. All the
nanoparticles are close to the lower wall. This is because their initial positions are closer
to the lower wall than those of the upper wall. For simplicity, flat model, particle model
and lubricated model are used in the subsequent sections to present the model without
nanoparticles and C4-alkane molecules, the model only lubricated with nanoparticles, and
the model lubricated with a mixture of nanoparticles and C4-alkane molecules, respectively.
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Figure 2. Lubricated model with 1500 C4-alkane molecules in the relaxation step.

4.1. Dry Contact

Aiming to study the influence of nanoparticles during boundary friction, studies on
the flat and particle models are conducted first. After relaxation, different normal loads
varying from 0.25 to 1.0 GPa are applied on iron atoms of the upper rigid layer. Figure 3
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indicates the system height evolution against the simulation time, and a comparison
between the flat and nanoparticle models is performed. It is evident from the figure that
there is no obvious system height change for the flat model under all normal loads. This
is due to the high stiffness of pure Fe. During the subsequent sliding process, a slight
fluctuation of system height is observed, which is due to the same surface structures of
both upper and lower walls. In contrast, much more stable system heights are observed in
the nanoparticle models when the normal load varies between 0.25 and 0.75 GPa. However,
when the normal load is increased up to 1.0 GPa, there is an obvious drop in the system
height. Moreover, the drop becomes more severe with the sliding distance, which indicates
that plastic deformation may occur at the top surfaces of both upper and lower walls. More
details will be discussed in the later section of this paper.

Metals 2021, 11, x FOR PEER REVIEW 6 of 16 
 

 

indicates the system height evolution against the simulation time, and a comparison be-

tween the flat and nanoparticle models is performed. It is evident from the figure that 

there is no obvious system height change for the flat model under all normal loads. This 

is due to the high stiffness of pure Fe. During the subsequent sliding process, a slight 

fluctuation of system height is observed, which is due to the same surface structures of 

both upper and lower walls. In contrast, much more stable system heights are observed 

in the nanoparticle models when the normal load varies between 0.25 and 0.75 GPa. How-

ever, when the normal load is increased up to 1.0 GPa, there is an obvious drop in the 

system height. Moreover, the drop becomes more severe with the sliding distance, which 

indicates that plastic deformation may occur at the top surfaces of both upper and lower 

walls. More details will be discussed in the later section of this paper. 

0 1000 2000 3000 4000
70

80

90

100

110
 Flat-0.25 GPa;    Particle-0.25 GPa
 Flat-0.5 GPa;      Particle-0.5 GPa  
 Flat-0.75 GPa;    Particle-0.75 GPa
 Flat-1.0 GPa;      Particle-1.0 GPa  

Sy
st

em
 H

ei
gh

t, 
Å

Time, ps
 

Figure 3. Comparison of the system height evolution history against the simulation time under 

various normal loads between the flat and particle models. 

Although the system height predicted by the flat models in Figure 3 remains stable, 

the corresponding simulated friction force is relatively large and fluctuates dramatically 

during the sliding process. Figure 4a,b reveals the influence of normal load on the evolu-

tion history of friction force against the simulation time obtained in different simulation 

systems. For flat models (Figure 4a), the upper and lower surfaces contact directly. There 

is an unusual friction force change when the simulation time is increased from 250 to 500 

ps, as marked by the red dashed circle in the figure. This phenomenon is mainly due to 

the alignment pattern between the upper and lower walls. Similar jump in the friction 

force was also observed by Stephan et al. [49], in which the simulated tangential force 

increased as the chip started to form at the beginning of the lateral movement. On the 

other hand, An and co-authors [50] have successfully proposed a quantitative relationship 

of the nanoscale friction force and coefficient between liquid and solid based on their 

atomic force microscopy experimental characterizations. To better illustrate this effect, a 

typical system slice along the vertical direction is shown in Figure 5. At 300 ps, the upper 

wall normally approaches the lower wall. Due to the repulsive force between two deform-

able layers, the force Fx is increased. However, the force decreases immediately when two 

Figure 3. Comparison of the system height evolution history against the simulation time under
various normal loads between the flat and particle models.

Although the system height predicted by the flat models in Figure 3 remains stable, the
corresponding simulated friction force is relatively large and fluctuates dramatically during
the sliding process. Figure 4a,b reveals the influence of normal load on the evolution history
of friction force against the simulation time obtained in different simulation systems. For
flat models (Figure 4a), the upper and lower surfaces contact directly. There is an unusual
friction force change when the simulation time is increased from 250 to 500 ps, as marked by
the red dashed circle in the figure. This phenomenon is mainly due to the alignment pattern
between the upper and lower walls. Similar jump in the friction force was also observed by
Stephan et al. [49], in which the simulated tangential force increased as the chip started to
form at the beginning of the lateral movement. On the other hand, An and co-authors [50]
have successfully proposed a quantitative relationship of the nanoscale friction force and
coefficient between liquid and solid based on their atomic force microscopy experimental
characterizations. To better illustrate this effect, a typical system slice along the vertical
direction is shown in Figure 5. At 300 ps, the upper wall normally approaches the lower
wall. Due to the repulsive force between two deformable layers, the force Fx is increased.
However, the force decreases immediately when two surfaces have the shortest distance
because the walls can move freely along both X and Y directions.
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force Fx is due to the change of the upper and lower walls from initial mismatch pattern to match
pattern.

In comparison with the results shown in Figure 4a by flat models, the particle models
predict much smaller friction forces as displayed in Figure 4b for all the studied normal
loads. The wall blocks separating from each other are observed when the hard nanoparticles
are added in the boundary friction system. This agrees well with the observations by Tao
et al. [51] that nanoparticles are able to divide the rubbing planes and thereby avoid
direct surface contact. Specifically, while the normal load is ≤0.75 GPa, the friction force
drops nearly to zero. This is likely owing to the rolling effect of nanoparticles when the
normal load is very low [39]. Figure 6 reveals that the rolling effect of nanoparticles helps to
decrease the friction force. For the normal load of 0.25 GPa, the nanoparticles are supporting
the upper surface against the normal load but also smoothly rolling between the surfaces
during the sliding process. The shape of atoms in gray color remains unchanged through
the whole sliding process, suggesting the absence of plastic deformation in the friction
pairs. When the normal load rises to 1.0 GPa, there is an obvious rise in the friction force as
can be seen from Figure 4b. It means that the nanoparticles induce the plastic deformation
in the top surface and thus lead to the increase of friction force. This deformation is shown
in Figure 7. It should be noted that no nanoparticles are shown in the figure for clearness.
The atoms of the top surface are deformed to accommodate the rigid nanoparticles, which
is to ensure the rolling effect between surfaces.
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Figure 6. Snapshots of particle models under 0.25 GPa at the moment of 1800, 1900 and 2000 ps. Only the lower wall and
one typical particle are shown. Atoms in the particle are colored by their Z position to demonstrate the rolling effect. Atoms
in Gray are in the slice from 100 Å to 120 Å along the X direction. The red arrow indicates the slice movement.
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Figure 7. A side view of the particle model with 16 nanoparticles under the normal load of 1.0 GPa
during sliding at 4000 ps. Only the upper and lower walls are shown to illustrate the plastic
deformation during the sliding process.

In order to gain a better understanding on the plastic deformation under boundary
friction condition, particle models with different numbers of nanoparticles are also carried
out in this study. Specifically, four cases with 4, 8, 12 and 16 nanoparticles placed between
the friction surfaces are considered. Moreover, only the normal load of 1.0 GPa is applied in
these cases to ensure that the nanoparticles are able to penetrate the wall blocks. Compared
with the flat model, the addition of 4 nanoparticles results in a slight increase of system
height, but it remains stable during sliding as can be seen from Figure 8. Although additions
of 12 and 16 nanoparticles lead to almost the same system height during compression
step, the system height of the model containing 12 nanoparticles drops more quickly once
the sliding starts. It has been found that fewer nanoparticles share larger compression
stress and thus penetrate deeper into the wall blocks. This phenomenon becomes more
obvious when the model contains 8 nanoparticles. In order to understand the influence of
the number of nanoparticles, the friction force obtained in the model containing 4, 8, 12 or
16 nanoparticles is plotted in Figure 9, respectively. A comparison clearly indicates that
more nanoparticles ensure the rolling effect and further reduce the friction force.

141



Metals 2021, 11, 1464

Metals 2021, 11, x FOR PEER REVIEW 10 of 16 
 

 

0 1000 2000 3000 4000
70

80

90

100

110

Sy
st

em
 H

ei
gh

t, 
Å

Time, ps

 Flat model 
 Particle-4   
 Particle-8   
 Particle-12 
 Particle-16 

Normal load: 1.0 GPa

 

Figure 8. Comparison of the evolution of system heights against the simulation time between the 

flat model and particle models containing 4, 8, 12 and 16 nanoparticles. 

 

Figure 9. Comparison of the evolution of friction force against the simulation time between the flat 

model and particle models containing 4, 8, 12 and 16 nanoparticles. 

Figure 10 shows the surface morphology of the lower wall after sliding process. It is 

evident that grooves form during friction, which indicates that there is a cutting action 

from nanoparticles on surfaces. Such kind of grooves or scratches formation on the worn 

surface has often been experimentally observed in either nanoscale or microscale [52,53]. 

It has to be mentioned that only atoms of the lower wall with Z > 25 Å are shown in Figure 

10 to clearly demonstrate the cutting effect. The corresponding color bar indicates the Z 

Figure 8. Comparison of the evolution of system heights against the simulation time between the flat
model and particle models containing 4, 8, 12 and 16 nanoparticles.

Metals 2021, 11, x FOR PEER REVIEW 10 of 16 
 

 

0 1000 2000 3000 4000
70

80

90

100

110

Sy
st

em
 H

ei
gh

t, 
Å

Time, ps

 Flat model 
 Particle-4   
 Particle-8   
 Particle-12 
 Particle-16 

Normal load: 1.0 GPa

 

Figure 8. Comparison of the evolution of system heights against the simulation time between the 

flat model and particle models containing 4, 8, 12 and 16 nanoparticles. 

 

Figure 9. Comparison of the evolution of friction force against the simulation time between the flat 

model and particle models containing 4, 8, 12 and 16 nanoparticles. 

Figure 10 shows the surface morphology of the lower wall after sliding process. It is 

evident that grooves form during friction, which indicates that there is a cutting action 

from nanoparticles on surfaces. Such kind of grooves or scratches formation on the worn 

surface has often been experimentally observed in either nanoscale or microscale [52,53]. 

It has to be mentioned that only atoms of the lower wall with Z > 25 Å are shown in Figure 

10 to clearly demonstrate the cutting effect. The corresponding color bar indicates the Z 

Figure 9. Comparison of the evolution of friction force against the simulation time between the flat
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Figure 10 shows the surface morphology of the lower wall after sliding process. It
is evident that grooves form during friction, which indicates that there is a cutting action
from nanoparticles on surfaces. Such kind of grooves or scratches formation on the worn
surface has often been experimentally observed in either nanoscale or microscale [52,53].
It has to be mentioned that only atoms of the lower wall with Z > 25 Å are shown in
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Figure 10 to clearly demonstrate the cutting effect. The corresponding color bar indicates
the Z position of the atoms of the lower wall. As displayed in Figure 10a, all 4 nanoparticles
deeply penetrate into the wall blacks under the normal load of 1.0 GPa. In addition, the
atoms next to nanoparticles tend to accumulate and act like a cutting tool to remove the
materials during the sliding process. Very similar results are also found in the model with
8 nanoparticles, as displayed in Figure 10b. By increasing the number of nanoparticles to
12 and 16, more grooves are formed with smaller height difference at block surfaces, as can
be seen from Figure 10c,d, respectively.
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Figure 10. The surface morphology of the lower wall with (a) 4, (b) 8, (c) 12 and (d) 16 nanoparticles at 4000 ps. Only the
atoms of the lower wall with Z > 25 Å are shown and colored. The normal load applied in the boundary friction system is
1.0 GPa.

4.2. Lubricated Contact

When lubricant is present in the boundary friction system, the wall surfaces are
subjected to a combined influence of nanoparticles, adhesion as well as the lubricant,
particularly while the average thickness of the lubricant is comparable to the surface
roughness and the size of nanoparticles [23]. In this section, MD simulations considering
the C4-alkane as the lubricant are carried out to investigate its influence on the boundary
friction.

Figure 11 displays the system height evolution for the lubricated models with C4-
alkane and 16 nanoparticles. Each system has an initial system height, which is apparently
dependent on the number of C4-alkane molecules. However, all systems have the same
height reduction rate because of the limited distance movement at each time step. This step
could ensure the gentile touch between two wall surfaces and nanoparticles. Before the
sliding process, it is important to guarantee the initial contact surface. Otherwise, the sharp
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contact could result in severe indentation on the wall surface, remaining in the following
sliding process. From Figure 11, it has been found that C4-alkane molecules less than 1000
are unable to support the upper wall as the height does not change compared with the
particle model. However, 2000 molecules of C4-alkane start supporting against the normal
load as the height increases. More obvious increases could be observed in the systems
which have 3000 or 4000 molecules.
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molecules varies from 500 to 4000.

Similar to the system height evolution, the friction force also varies when the number
of lubricant molecules changes. From the results shown in Figure 12, it can be found
that C4-alkane with 500 and 1000 molecules has nearly no contributions as a lubricant to
decrease the friction force. However, when the number of molecules is greater than 1500 or
above, an obvious change in the friction force is visible. It is due to the flow of lubricant
starting to support the upper wall against the normal load. Therefore, the particles are
subjected to less compression. It seems that the surfaces are only lubricated by fluid, and
similar results were also observed in our previous study [25]. It is worth noting that, in
addition to the system height, the nanoparticle-surface indentation depth is also a very
important parameter which makes it possible to link and compare the simulation and
experimental results [54,55]. Such kind of analysis will be conducted in our future work,
where a series of new NEMD simulations considering different types of nanoparticles with
3D rough surfaces will be developed.
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To better explore the effect and mechanism of the lubricant fluid in the boundary
lubrication system, the component of friction force corresponding to the systems having
500, 1000, 1500 and 2000 molecules is plotted in Figure 13, respectively. When the system
only has 500 C4-alkane molecules mixed with nanoparticles, the supporting force is mainly
contributed by the nanoparticles, as can be seen from Figure 13a. There is no direct
supporting force from the lower wall as the gap distance is larger than the LJ cutoff
distance. It is interesting that the force Z from C4-alkane decreases with the sliding process
and even becomes negative after 1500 ps. It means that C4-alkane helps to compress the
upper and lower walls. This is likely due to the large space formed by wall surfaces and
nanoparticles. In addition, C4-alkane is free to flow and naturally the molecules tend to
accumulate. The adsorption between C4-alkane and surfaces finally results in an attractive
force between them. However, the negative force from C4-alkane disappears quickly when
the flow is under compression or there is less space, which could be observed in Figure 13b.
During the compression step and early stage of sliding, the supporting force from C4-alkane
is near zero. It starts to increase at 2500 ps as the system height decreases slightly from
then on. When 1500 molecules are mixed with nanoparticles, the force components remain
stable during the sliding process. However, on the other hand, 2000 molecules exhibit a
completely different influence on the supporting force. Figure 13d shows that nanoparticles
exert an attractive force on wall surfaces, which results in a larger compression force on the
lubricant flow. In this condition, nanoparticles could move freely within the lubricant flow.
However, the nanoparticle atoms are still in the cut-off distance with surface atoms, which
finally results in an attractive force. Therefore, these results reveal a great influence of the
number of C4-alkane molecules on its lubricity within a boundary friction system and a
transition from partial to full lubrication.
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5. Conclusions

In the present study, a comprehensive NEMD simulation model considering two
iron wall surfaces, mixed C4-alkane and nanoparticles as lubricant has been established
to explore the influences of nanoparticles and fluid on the surface contact and friction
force during boundary friction system. The simulation results revealed that nanoparticles
were acting like ball bearings between contact surfaces, leading to a change from the
sliding friction to rolling friction. When a large normal load greater than 0.75 GPa was
applied, there was severe plastic deformation at the top surface. Moreover, C4-alkane with
a number of molecules lower than 1500 was unable to support the upper wall, which had
a similar friction behavior to that of the cases with only nanoparticles. In addition, there
was an attractive force from C4-alkane molecules to surfaces, which resulted in an extra
compression. This was due to the large space formed by wall surfaces and nanoparticles
during the sliding process. However, with the increase of the number of molecules, the
surfaces were gradually separated by the lubricant fluid from the mixed lubrication to
totally thin film lubrication, and the friction force dropped dramatically.
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Funding: This research was funded by Australian Research Council (Grant Numbers: DE180100124,
DP170103173 and DP190103455).

Data Availability Statement: Not applicable.

146



Metals 2021, 11, 1464

Acknowledgments: All authors appreciate very much for conducing simulations using a HPC
cluster that belonged to the University of Wollongong and the computing facilities provided by NCI
National Facility of Australia. L.S. is grateful to the Australian Research Council for awarding her
the Discovery Early Career Researcher Award (DECRA) fellowship (DE180100124). G.D., H.Z. and
K.T. would like to acknowledge the financial supports from the Australian Research Council (DP
170103173 and DP190103455).

Conflicts of Interest: The authors declare no conflict of interest.

References
1. Zhou, J.; Wu, Z.; Zhang, Z.; Liu, W.; Xue, Q. Tribological behaviour and lubricating mechanism of Cu nanoparticles in oil. Tribol.

Lett. 2000, 8, 213–218. [CrossRef]
2. Qiu, S.; Zhou, Z.; Dong, J.; Chen, G. Preparation of Ni nanoparticles and evaluation of their tribological performance as potential

antiwear additives in oils. J. Tribol. 2001, 123, 441–443. [CrossRef]
3. Xue, Q.; Liu, W.; Zhang, Z. Friction and wear properties of a surface-modified TiO2 nanoparticle as an additive in liquid paraffin.

Wear 1997, 213, 29–32. [CrossRef]
4. Hu, Z.S.; Dong, J.X.; Chen, G.X. Study on antiwear and reducing friction additive of nanometer ferric oxide. Tribol. Int. 1998, 31,

355–360. [CrossRef]
5. Radice, S.; Mischler, S. Effect of electrochemical and mechanical parameters on the lubrication behaviour of Al2O3 nanoparticles

in aqueous suspensions. Wear 2006, 261, 1032–1041. [CrossRef]
6. Gupta, B.K.; Bhushan, B. Fullerene particles as an additive to liquid lubricants and greases for low friction and wear. Lubr. Eng.

1994, 50, 524–528.
7. Cizaire, L.; Vacher, B.; Le Mogne, T.; Martin, J.M.; Rapoport, L.; Margolin, A.; Tenne, R. Mechanisms of ultra-low friction by

hollow inorganic fullerene-like MoS2 nanoparticles. Surf. Coat. Technol. 2002, 160, 282–287. [CrossRef]
8. Rabaso, P.; Ville, F.; Dassenoy, F.; Diaby, M.; Afanasiev, P.; Cavoret, J.; Vacher, B.; Le Mogne, T. Boundary lubrication: Influence of

the size and structure of inorganic fullerene-like MoS2 nanoparticles on friction and wear reduction. Wear 2014, 320, 161–178.
[CrossRef]

9. Tenne, R. Inorganic nanotubes and fullerene-like nanoparticles. Nat. Nanotechnol. 2006, 1, 103–111. [CrossRef] [PubMed]
10. Lahouij, I.; Dassenoy, F.; Vacher, B.; Martin, J.M. Real time TEM imaging of compression and shear of single fullerene-like MoS2

nanoparticle. Tribol. Lett. 2011, 45, 131–141. [CrossRef]
11. Dai, W.; Kheireddin, B.; Gao, H.; Liang, H. Roles of nanoparticles in oil lubrication. Tribol. Int. 2016, 102, 88–98. [CrossRef]
12. Xie, H.; Jiang, B.; He, J.; Xia, X.; Pan, F. Lubrication performance of MoS2 and SiO2 nanoparticles as lubricant additives in

magnesium alloy-steel contacts. Tribol. Int. 2016, 93, 63–70. [CrossRef]
13. Moshkovith, A.; Perfiliev, V.; Lapsker, I.; Fleischer, N.; Tenne, R.; Rapoport, L. Friction of fullerene-like WS2 nanoparticles: Effect

of agglomeration. Tribol. Lett. 2006, 24, 225–228. [CrossRef]
14. Tevet, O.; Von-Huth, P.; Popovitz-Biro, R.; Rosentsveig, R.; Wagner, H.D.; Tenne, R. Friction mechanism of individual multilayered

nanoparticles. Proc. Natl. Acad. Sci. USA 2011, 108, 19901–19906. [CrossRef]
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Abstract: In this paper, a concurrent multiscale simulation strategy coupling atomistic and continuum
models was proposed to investigate the three-dimensional contact responses of aluminum single
crystal under both dry and lubricated conditions. The Hertz contact is performed by using both
the multiscale and full molecular dynamics (MD) simulations for validation. From the contact area,
kinetic energy and stress continuity aspects, the multiscale model shows good accuracy. It can also
save at least five times the computational time compared with the full MD simulations for the same
domain size. Furthermore, the results of lubricated contact show that the lubricant molecules could
effectively cover the contact surfaces; thereby separating the aluminum surfaces and bearing the
support loads. Moreover, the surface topography could be protected by the thin film formed by the
lubricant molecules. It has been found that the contact area decreases obviously with increasing the
magnitude of load under both dry and lubricated contacts. Besides, a decrease in contact area is
also seen when the number of lubricant molecules increases. The present study has confirmed that
the dimension of lubricated contacts could be greatly expanded during the simulation using the
proposed multiscale method without sacrificing too much computational time and accuracy.

Keywords: multiscale simulation; surface contact; roughness; mixed lubrication; tribology

1. Introduction

Tribology is an interdisciplinary field of research that studies the adhesion, friction, lubrication
and wear of contacts from the nano-scale to macro-scale, which is quite complicated, as the processes
are usually governed by physical mechanisms at different length scales and can be affected by many
factors, such as load, temperature, velocity, environment and so on [1–7]. For contact mechanics,
in particular, not only the long-range elastic and plastic deformation play roles, but also the atomic scale
roughness at the interface, reported by Luan and Robbins, has critical effects on the contact area and
stress [4]. They revealed the breakdown of continuum models, and intrigued new investigations for a
number of contacting problems at the nanoscale, which are still open for in-depth analyses. Over the
last 40 years, the molecular dynamics (MD) simulations were widely used to explore the mechanisms
of contact, friction, wear and lubrication at the nanoscale for various materials [8–12]. As a complement
to conventional experiments, MD simulation can produce some detailed observations which cannot
be obtained by experimental instruments. Despite the advancing development of computer science,
MD still suffers from the temporal and spatial limitations. It is still very challenging to slow the
timescale of MD down to realistic vales, although many efforts have been devoted to approaching such
a target, such as accelerated molecular dynamics [13] and multiscale simulations [14–16]. The finite
element method (FEM), based on the framework of continuum mechanics, has also been widely
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used to study the elastic and elastic–plastic contact between rough surfaces and deformations [17–20].
However, capturing the accurate information at the atomic scale is difficult by using FEM due to
incorrect constitutive law. The development of the coupling methods that bridge the atomistic and
continuum models is propelled to overwhelm the limitations of MD and FEM [14–16].

In general, the multiscale model could be divided into three regions: the critical region, the coarse
region and the transition region [21–23]. The critical region, composed of atoms, is in charge of the
local details of deformation, such as the contact area. The deformation of the coarse region, which is
usually far from the critical region, could be described by the continuum models. The region, where the
critical and coarse regions overlap, is called the transition region or the handshaking region. It is very
critical to complete the information exchange between the two regions, and also to properly remove
the unphysically spurious wave at this region [24,25]. Based on such philosophy, several multiscale
methods have been established, such as the quasicontinuum method (QCM), bridging scale method
(BSM), bridging domain method (BSD) and the hybrid simulation method (HSM). The QCM proposed
by Tadmor et al. [21] is one of the pioneering works in multiscale coupling. It has a well-defined
energy formulation for both critical and coarse regions. However, the element size in the critical region
needs to be refined down to the atomic level. The BSM proposed by Wagner and Liu [22] reduced the
atomistic calculations to a small domain with a description of the effects of the eliminated atoms via a
time history kernel technique. The BDM proposed by Xiao and Belytschko [23] applied the Lagrange
multipliers to impose displacement or velocity compatibility between the atomistic and continuum in
a transition domain. For both the BSM and BDM, there is no need to refine the mesh to the atomic size.
Particularly, as there is no mathematical framework, it is easier to implement the HSM proposed by
Luan et al. [26] than other multiscale methods. Furthermore, the HSM yields the convincing results for
the investigations of the contact and friction at the nanoscale benchmarked by pure MD simulations.
Therefore, in this study, the HSM was used to study the 3D rough lubricated contact of the single
crystal aluminum.

Recently, the HSM has been used for nanoindentation [27] and dry contact between rough
surfaces [28,29]. Revealing the behaviors of confined thin lubricant layers between metal surfaces could
help understand mixed lubrication. Using the HSM could provide more statistics data and thereby
more accurate information compared to the MD simulations [30,31]. Furthermore, the MD region in
the HSM can handle the complicated behaviors at the lubricating interfaces, while the coarse region
can properly accommodate the elastic deformation from the contact zone [26]. In the previous MD
simulations, however, the very limited substrate height with the rigid boundary increased the system
rigidity, which could result in the inappropriate accumulation of kinetic energy at the contact zone [32].
To the best of our knowledge, multiscale methods have not been used to perform the simulations of
mixed lubrication. In this paper, we used the HSM to study the behaviors of the hexadecane molecules
confined within the aluminum tribo-surfaces, which have attracted attention for many years due to
their light-weight nature, good formability and low cost [33]. Moreover, Al single crystal as a model
material was chosen for comparisons. The changes in the root mean square (RMS) roughness, contact
area and surface pressure under dry and lubricated contacts are presented.

2. Methodology

2.1. Model Set-Up

The multiscale (MU) model for the contact between a rigid flat plane and a deformable substrate with
a self-affine surface is shown in Figure 1. The substrate was built from Face-center-cubic (FCC) crystal
aluminum with a (001) top surface. The lattice constant a of the crystal at 300 K is 0.4045 nm. The substrate
dimension is 80a × 80a × 80a, which approximately corresponds to 32.36 nm × 32.36 nm × 32.36 nm.
This size is at least 8 times larger than the previous MD simulations [30,34]. Except for the lubricant
molecules, the total number of atoms ranges from 670,000 to 700,000 for different surface roughness (0.2 nm,
0.5 nm and 0.8 nm). The specific RMS values were chosen and the rough surfaces were created by using
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the random midpoint displacement (RMD) algorithm, following the previous MD simulations [34,35].
The corresponding RMS roughness of the generated atomic surface was 0.204, 0.492 and 0.771 nm,
respectively. The atomic region of the substrate consists of three layers: (2) the deformable layer, (4) the
thermostat layer and (3) the pad layer. The contact occurs among the rigid plane, lubricant and deformable
layer. The thermostatting technique was applied to the atoms in the thermostat layer to maintain the
constant temperature of 300 K for the system. Along the x and y directions, a periodic boundary condition
was applied to both the atomic and FEM regions. The bottom boundary of the FEM region was fixed
while the top surface of the deformable layer was free. The FEM region consists of 33,600 elements
and 6615 nodes, corresponding to 1,433,600 atoms. A constitutive anisotropic law describes the relation
between stress and strain for each integration point. The elastic constants C11 = 114.0, C12 = 61.6, C44 = 31.6
(unit: GPa) were taken from Mishin’s work [36].
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Figure 1. Schematic of the model set-up. a = 0.4045 nm is the lattice constant of the single crystal aluminum.

The key ideas of the coupling strategy for the HSM is described here. The pad layer as a part of
the FEM region provides a physical boundary for the atomic region. The displacements of each atom
(e.g., uβ) in the pad layer are interpolated from the nodal displacements [26] as shown in Equation (1):

uβ =

mnodes∑

j = 1

Njdj, (1)

where N is the shape function of atom β corresponding to the nodes in each element. mnodes is the
number of the nodes in each element. As can be seen in Figure 1, the top boundary of the FEM region
lies in the thermostat layer. The nodal displacements on this boundary (e.g., di) were obtained by
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averaging the displacements of atoms within the average spheres, as shown in Equation (2). The radius
of each sphere is 4a, corresponding to the smallest size of the element edge. The four-node tetrahedron
elements were used to divide the continuum region:

di =

natoms∑

α = 1

ωαuα (2)

where natoms is the number of atoms in the average circle for node i. The weightω of each atom within
the averaging circle with a radius of rav can be calculated by a weighting function [37]:

ω(d) =

{
1− 3d2 + 2d3, d < 1

0, d ≥ 1
(3)

where d = r/rav and r is the distance between the atom within the average circle and the node.
The timestep is 2 fs. Before loading, the substrate is allowed to relax for equilibrium. The system

has 0.4 ns to equilibrate after applying a load. To study the effects of different pressure on the lubricated
contact, 0.05, 0.15 and 0.25 GPa were applied on the rigid plane, respectively. During the loading, at an
interval of 200 timesteps, the forces and stresses were recorded. The calculation time of the multiscale
simulation ranges from 74 to 98 h due to the different number of atoms. For the different cases here,
the number of FEM nodes are not changed.

2.2. Force Field

As the plastic deformation on the rough surface with the atoms reshuffling or dislocations usually
involves during compression and shearing between the rough surfaces, the EAM potential [38] was
used to model the interactions between the aluminum atoms in the substrate. The atomic interactions
between the rigid plane and the substrate were calculated by the Lennard–Jones (LJ) potential, which is
characterized by the distance and energy parameters σ and ε, respectively. The LJ potential was
used to simulate the aluminum oxide surface by reducing ε [34]. A united-atom (UA) model [39]
was used to model the hexadecanes molecules. The UA model simplified all the CHX groups with
pseudo carbon atoms. Linear chain molecules of hexadecane with the chemical formula C16H34 were
chosen as the lubricant liquid. A chain of hexadecane is made of connected CH3 and CH2 groups as
shown in Figure 2a. The optimization of the conformation of the hexadecane molecule in Figure 2b
is attributed to the intra-molecular interactions, which include bond stretching, angle bending and
the dihedral angle torsion given in Equations (1)–(3). To study the effects of the amount of lubricant
on the lubricated contact, the different number of C16H34 molecules was added (0–4000) between the
aluminum tribo-surfaces:
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Figure 2. Schematic of one hexadecane molecule’s (a) initial structure and (b) after the optimization of
conformation. The pink and yellow atoms indicate the united atoms of CH2 and CH3.

Ebond= kb(r − r0)
2, (4)

Ebend= kθ(θ − θ0)
2, (5)

Etorsion= c0 + c1[1 + cosφ] + c2[1 − cos(2φ)] + c3[1 + cos(3φ)], (6)
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The corresponding parameters in Equations (4)–(6) are taken from Reference [39]. The inter-molecular
and liquid–solid interactions are described by the LJ potential with a cutoff distance of 1.4 nm. The LJ
parameters for the liquid–solid interactions were estimated via the Lorentz–Berthelot mixing rules
(Table 1).

Table 1. Parameters for the Lennard–Jones (LJ) potentials for the non-bonded interactions.

Neighbors σ (nm) ε (eV)

Al–Al a 0.2596 0.010677
Al–CH2

c 0.3273 0.006506
AlCH3

c 0.3173 0.009496
CH2–CH2

b 0.3950 0.003964
CH3–CH3

b 0.3750 0.008445
CH3–CH2

c 0.3850 0.005786
a taken from Ref. [34]. b taken from Ref. [39]. c calculated from the Lorentz–Berthelot rules.

2.3. Contact Area

Calculations for the real contact area are of importance at the atomic scale, especially when the
dimension of the devices is reduced down to the nanometer. The real contact area has an important
effect on heat conduction, friction and adhesion. In continuum mechanics, the contact area can be
obtained based on the edge of the contact zone. It is difficult to accurately define the atomic area
and even the atomic contact. The atomic contact is determined by either repulsive force [28,40] or
distance [35,41]. Here, the contact is established when the distance of two atoms is less than or equals
to 0.5 nm [30], and the real contact area is estimated from a projected rectangular cuboid method [34].
In this method, the n × n grids as a bottom face of the rectangular cuboids are plotted on the x–y
plane, on which all the atoms of the deformable layer are projected. Those atoms are divided into the
corresponding grids according to their x and y coordinates. The length of each cuboid is the maximum
z coordinate values of the atoms within it. Similar cuboids can be plotted for the rigid plane. The top
faces of the deformable layer cuboids and the bottom faces of the rigid plane cuboids are used to
determine the atomic contact.

2.4. Multiscale Strategy Valication

Here, we validate our MU model by performing a 3D Hertz contact, benchmarked with full MD
simulations, following the the Anciaux and Molinali’s work [32]. Details of the model setup for the
Hertz contact is shown in Figure S1 and demonstrated in the supplementary materials. The contact
area, kinetic energy and stress continuality were considered. Figure S2a shows the relationship between
the contact area and the normalized indent displacement. The contact region consists of the atoms
on the stepped tip and is close to the area of a circle. The contact area was determined by averaging
the distances between the center of the circle and the outermost atoms. In terms of the contact area,
the MU predicts the MD well. It is found from Figure S2a that the results between the two models
are very close. From the energy point of view, the MU works well based on the results in Figure S2b.
Although there are a few deviating points, the kinetic energies of MU and MD are close to each other.
In the MU model, the atomic, or the virial stress was calculated for the MD region while the Cauchy
stress for the FEM region. The stress component σzz of both the MU model and the MD model when
normalized indent displacement is 1.31a was shown in Figure S2c. First and foremost, the HSM can
ensure stress continuity after comparing σzz of both the FEM region and the MD region (dotted square).
Another important result shown in Figure S2c is that the MU model can predict the full MD model well.

From the contact area, kinetic energy and stress continuity aspects, our MU simulations show good
accuracy compared with the full MD simulations. More importantly, it can save at least 5 times the
computational time compared with the full MD simulations for the same domain size. With relatively
good computational cost and accuracy, the MU model was here extended to study lubricated contacts.
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3. Results and Discussion

3.1. RMS Roughness

Before compression, the rigid plane was above the substrate with a distance larger than the
cut-off radius of the interaction potential. As mentioned above, the original RMS roughness of the
generated atomic surface was 0.204, 0.492 and 0.771 nm, respectively. The atoms at the surface lack
the full neighbors, and are attracted by the atoms at the subsurface. Therefore, the relaxing process
at a temperature of 300 K modified the surface roughness with RMS = 0.198, 0.484 and 0.760 nm,
respectively. Although the RMS roughness of the surfaces changes, it is still close to the required values.
After relaxation, the top plane was forced to move downwards under constant pressure. Without any
resisting force, the top plane will impact on the substrate with a high speed. This is not acceptable,
since it will cause significant plastic deformation on the substrate. Therefore, the top plane was forced
to move at a very low speed until it touched the deformable layer. The system heights were calculated
during the whole compression. In Figure 3, the relationship between the system height and simulation
time for dry and lubricated contact is shown. It indicates that all the simulations reached equilibrium
after 0.4 ns. The heights in the lubricated cases were higher than the dry counterparts, as shown in
Figure 3a,b. The thickness of the thin film formed by the hexadecane molecules contributed to the
system height. In Figure 3c, two thousand hexadecane molecules had no effect on the system height
when the surface roughness was 0.8 nm (indicated by the dashed circle in the Figure), since there was
not enough quantity to fill the cavity between the two contacting surfaces. Meanwhile, four thousand
hexadecane molecules lifted the top plane by a distance of 0.4 nm as indicated by the dashed arrow
in Figure 3c. The system height is also related to the chain length of the lubricant molecules [42].
The effective separation for the contacting surfaces is dependent on the added amount of lubricant
and surface roughness. A few lubricant molecules can work well for relatively flat surfaces, while
much more molecules are required to fill a cavity in rougher surfaces and effectively separate them.
The volume of the hexadecane molecule is also related to the rotation of C–C bonds—thereby affecting
the system heights in Figure 3.
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Figure 3. Variation of the system heights with the time for the root mean square (RMS) = (a) 0.2 nm,
(b) 0.5 nm, (c) 0.8 nm under 0.25 MPa. The red lines indicate dry contact while the green and blue lines
indicate lubricated contact with 2000 and 4000 hexadecane molecules, respectively.

When the contact occurs, the top plane will flatten the substrate asperities as shown in Figure 4b,c.
The RMS roughness of flattened surface changes as the load increases. The RMS of the flattened surface
is denoted as RMSf, while that of the initial surface RMSu. The change of RMS, therefore, is defined as
∆RMS = RMSf − RMSu. Firstly, it indicates that RMSf decreases with the increasing loads for three
surfaces, and this relationship is independent of RMSu. However, the percentage of change in RMS
roughness is related to RMSu. There was a much smaller change for the rougher surfaces (solid triangle
and square in Figure 4a), because the contact for those rougher surfaces occurred on a few high asperities
which support the loads. It is the rest part on the surface that dominated the roughness. However,
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the surface RMS changed more for RMS = 0.2 nm, because much more asperities on the substrate
contacted with the top plane were simultaneously flattened. The peak-to-valley (PV) distances [34]
indicate roughly the number of the contacting asperities. The PV distance here is determined by the
difference between the maximum peak height to the maximum valley depth of the atomistic surface.
The PV of the atomic surfaces for RMS = 0.2, 0.5 and 0.8 nm are 0.172, 0.3285 and 0.514 nm, respectively.
The height of the highest asperity for RMS = 0.2 nm is approximately 0.86 nm. Therefore, many
asperities support the top plane simultaneously. Figure 5 shows the effects of the molecule number on
the RMS change. Zheng et al. [42] demonstrated that the appropriate amount of lubricant is dependent
on the RMS roughness. The increase in the molecule number reduces the change in RMS roughness
or asperity flattening as shown in Figure 5. After compression, the lubricant molecules filled the
valleys and covered the surface as shown in the insets. With 4000 molecules, the surface could be
entirely covered. The asperities were covered by the lubricant, and were not contacted by the top
plane. Consequently, the RMS changed only by about 1.8%. In addition, Wu et al. [43] indicated that
the lubricant viscosity has an important effect on the changes in the surface roughness. In their work,
the smaller reduction in the surface roughness was obtained for the lubricant with a higher viscosity.
The viscosity in Wu’s work plays a similar role as the lubricant amount here. A well-formed lubricant
film reduced the direct metal–metal contact, and protected the surfaces. For the lubricated contact,
the new surface was formed by the lubricant molecules and substrate atoms. The RMS roughness of
the new surface was 0.33 and 0.06 nm for 3000 and 4000 molecules, respectively. They are both much
lower than the original roughness of 0.8 nm.
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3.2. Contact Area

The effects of roughness and lubricant on the contact area calculated by the project method will be
studied in this section. Figure 4a indicates that the contact area goes up with the increasing loads for
the surfaces with three different RMS. Under the load of 0.05 GPa, the contact area of RMS = 0.2 nm is
close to 50%, which is much higher than 4% and 3.5% of the RMS = 0.5 and 0.8 nm. As mentioned in
the previous section, the heights of the asperities on the surface of RMS = 0.2 nm are relatively low,
so a number of them were in contact simultaneously. For the rougher surface, however, only few
asperities supported the load applied from the top plane. With the increasing loads, the contacting
asperity deformed and their heights decreased while the lower non-contacting asperities were joined
to support the top plane. Therefore, the contact area of the three surfaces was increased in Figure 4a.
Considering the different topography due to the different random seed when generating the self-affine
surfaces [35] and adhesive strength [34], the results could deviate a little. The relationship between the
contact area and the loads obtained in this work qualitatively agrees with the published literature [44].

For the lubricated contacts, the contact area still increased with the loads at the range of 0.05 GPa
(red diamond) to 0.25 GPa (purple square) as shown in Figure 6a. However, the contact area reduced
with the increasing number of molecules. The lubricants could separate the substrate from the top
plane. The separating gap depends on the lubricant amount. It indicates that under 0.25 GPa the
contact area of 0 and 1000 molecules is almost identical while the contact area of 4000 molecules
was reduced by 75%. However, it was not enough for the 2000 molecules to fill the valleys on the
rough surface. From the point of view of normal force, it could also provide some clues. The normal
force on the top plane of lubricated contact was divided into two parts: normal force FS from the
substrate and normal force FL from the lubricant. The sum of FS and FL is equal to the normal force
F0 on the top plane of dry contact (no lubricant molecules). Figure 6b shows the normal force on the
top plane supported by dry and lubricated contacts as a function of molecule number. In the figure,
the support force FS/F0 from the asperities roughly decreased with the larger number of molecules,
which is consistent with the trend in the contact area. At the same time, the normal force FL/F0 from the
lubricant increased with the higher number of molecules. The decrease in the normal force FS/F0 under
each load indicates that the number of the contacting asperities dropped. At 0.25 GPa, more lubricant
endured the larger force. When 4000 hexadecane molecules were used, FL reached 87.17 nN under
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0.25 GPa, which corresponds to 85.45% of FS in dry contact. The project method can be used to calculate
the volume occupied by the hexadecane molecules—thereby estimating its density. For RMS = 0.8 nm
with 4000 molecules under 0.15 and 0.25 GPa, the hexadecane has the density of 6.9 and 7.2 g/cm3,
respectively. The estimations are very close to 7.7 g/cm3 obtained from the previous experiments [45].
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3.3. Surface Pressure

Surface pressure was calculated based on the projection method in Section 2.3. There are other
approaches for calculating surface pressure, but for the comparisons the projection method was used.
The virial stress of each atom was calculated at every 20 ps. After the cuboids were obtained, the surface
pressure was estimated by averaging the virial stress along the z direction of all atoms within each
cuboid. Before that, we show in Figure 7 the deformation of the FEM region due to the applied loads
from the top plane on the substrate. Before compression, there is almost no deformation at the coarse
region as shown in Figure 7a. With the compression of the top plane, the deformation is small in this
region as shown in Figure 7b, as the FEM region is far from the surface. However, more deformation
occurred in the FEM region, since the asperities were flattened in the corresponding area on the
surface, indicating that the coarse region can properly accommodate the elastic deformation from the
contact zone.
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Figure 7. Deformation of the FEM region (a) before compression and (b) after compression for
dry contact.

Figure 8 shows the pressure distribution for the unlubricated and lubricated contacts. To obtain
the distribution histogram, the surface pressure in each cuboid was binned with an interval of 0.05 GPa.
The shape of the probability distribution in this work was in agreement with the previous works [30,34].
It seems that the system size and the roughness of the top surface have little effect on the shape of the
probability distribution. In Figure 8a, the sum of the negative pressure distribution is 88.1%, 80.0% and
66.79% for 0.05, 0.15 and 0.25 GPa, respectively. Meanwhile, in Figure 8b, the obtained values are
89.2%, 72.8% and 63.4%, respectively. More than half of the surface area mainly suffered the attractive
forces. In addition, for both dry and lubricated surfaces, the probability sum of the positive pressure
goes up as the loads increase as shown in Figure 8. Further compression caused the increase in the
repulsive forces between the top plane, lubricants and substrate. As demonstrated by Cheng et al. [46],
the lubricant molecules spread the pressure over a larger contact area. The shifting of probability with
the increasing load for the lubricated contacts is much more than that for the dry contacts, indicating
the significant role of lubricant molecules in bearing the loads.
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Figure 8. Pressure distribution in the dry contact (a) and 4000 molecules lubricated contact (b) under
0.05 GPa (red line), 0.15 GPa (green line) and 0.25 GPa (blue line).

4. Conclusions

In the present study, a concurrent multiscale model that combines the MD and FEM methods
was proposed and successfully applied to study the three-dimensional rough lubricated contact of
aluminum single crystal. We performed the Hertz contact to compare the MU model with the full
MD model. Our MU simulations show good accuracy from the contact area, kinetic energy and stress
continuity aspects, and it can save at least five times the computational time compared with the full MD
simulations for the same domain size. With relatively good computational cost and accuracy, the MU
model here has been extended to study lubricated contacts. A systematic investigation considering the
effects of the lubricant amount, surface roughness and loads during contact in mixed lubrication at the
atomic scale was conducted. It was found that the sufficient lubricant molecules could fill the cavity
and cover the large portion of contacting surfaces and effectively separate the tribo-pair. Meanwhile,
the insufficient lubricant molecules can work well for relatively flat surfaces. In addition, the results
show that the increasing number of lubricant molecules leads to smaller changes in surface RMS
under the studied loads, varying from 0.05 to 0.25 GPa, indicating that the thin film formed by the
lubricant molecules is beneficial to maintain the initial surface topography. For both the lubricated
and unlubricated contacts, the contact area decreases with the increasing loads. As the tribo-pair gap
increases with the increasing lubricant amount, the contact area decreases, and the larger portion of
loads is supported by the lubricant molecules. The changes in pressure distribution for the different
loads in the lubricated contacts confirm the contributions of the lubricant molecules to the load-bearing.
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full MD simulations: (a) Normalized contact area as a function of normalized indent displacement. (b) Kinetic
energy near the substrate surface as a function normalized indent displacement. (c) Changes of stress component
σzz in a line along the z direction when normalized indent displacement is 1.31a. Indent displacement and Z are
normalized by lattice constant of a.
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