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With the continuously growing need for more fuel-efficient and sustainable vehicles,
the characterization and modeling of metal-forming processes have been indispensable
in the development of new products. In the automotive and aviation sector, low-strength
structural components are commonly produced from aluminum alloys, and higher-strength
structural components are made from ultra-high-strength steels (UHSSs) and titanium
alloys. The main issue experienced during the hot forming of complex-shaped components
from difficult-to-form alloys is that they are time-, energy-, and cost-intensive. The aircraft
industry currently uses methods such as superplastic forming (SPF), superplastic forming
with diffusion bonding (SPF-DB), hot stretch forming, hot gas-pressure forming, and
isothermal hot forming. Moreover, novel techniques have been developed to produce
complex-shaped structural components including solution heat treatment, forming and
in-die quenching (HFQ), quick-plastic forming, hot stamping using rapid heating, and fast
light alloy stamping technology (FAST).

This Special Issue covered a wide range of topics, including novel materials (HSLA
steel [1], titanium alloys [2–5], magnesium [6,7]), forming techniques (single-point incremen-
tal forming [8], magnetic pulse forming [9], rigid-flexible sequential loading forming [10]),
and advanced predictive models [1,5,9,11] developed for such processes.

Behrens et al. [1] presented experimental and numerical investigations on HSLA steel
friction drilling in which the temperature, strain rate, and rolling direction-dependent
tensile tests of the HSLA HX220 were executed and used to parametrize the Johnson–Cook
hardening and failure models. Further, the experiments were numerically modelled using
different methods. Since the comparison of the simulations and the experiments showed a
good agreement, it was assumed that the methods used for the material characterization
and modelling were appropriate.

Dang et al. [2] investigated dynamic softening and hardening behavior and microstruc-
ture evolution of the TC31 titanium alloy during high-temperature tensile deformation. The
authors conclude that the TC31 titanium alloy exhibited clear softening behavior during hot
tensile deformation at a temperature of 850 ◦C and a strain rate of 0.001 s−1~0.1 s−1, with
an increase in the deformation temperature to 950 ◦C~1000 ◦C and an increase in the strain
rate to 0.1 s−1 discontinuous yielding occurred, and quasi-steady flow appeared at a tem-
perature of 950 ◦C~1000 ◦C and a strain rate of 0.01 s−1, with a decrease in the strain rate to
0.001 s−1, resulting in a slight dynamic hardening phenomenon. Furthermore, the authors
observed significant microstructural changes when the deformation temperature increased
from 850 ◦C to 950 ◦C. It was found that the volume fraction of the β phase increased
from 20% to 41% after it deformed to a strain of 0.7 with a strain rate of 0.01 s−1, whereas
the volume fraction of voids was significantly reduced from 11.2% to less than 1%. Since
the increased fraction of the β phase at higher temperatures improved the deformation
compatibility and reduced the void damage, a relatively high deformation temperature was
recommended for the forming of complex TC31 titanium alloy components to avoid void
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damage. On the other hand, when the TC31 titanium alloy was deformed at 950 ◦C, the
grains grew at the strain rate of 0.001 s−1 and were refined at the strain rate from 0.01 s−1

to 0.1 s−1. The refinement was more significant under the higher strain rate conditions. It
was concluded that the appropriate strain rate should be approximately 0.01 s−1 during
the forming of the TC31 titanium alloy sheet considering both the grain coarsening and
uniform deformation.

Li et al. [3] conducted research on the effects of the forming temperature and heating
rate on the maximum flow stress and elongation of TC4 by using hot tensile tests and
microstructural analysis. It was observed that in the forming temperature range between
850 ◦C and 950 ◦C, both the maximum flow stress and elongation decreased with an
increase in the forming temperature. When the heating rate was 10 ◦C/s, the flow stress
was larger than that at a heating rate of 1 ◦C/s, while the elongation remained constant.
During microstructural observations, it was found that the volume fraction of the β phase
increased with an increase in the heating temperature and a decrease in the heating rate,
the average grain size decreased with an increased heating rate and a higher volume
fraction of the β phase, and finer grains improved the material ductility. Based on the
microstructure observation results, a model was established to predict the volume fraction
of the β phase under different heat treatment conditions. The prediction error of the model
was 5.17%, which would contribute to a qualitative analysis of the mechanical properties of
TC4 titanium alloy under high-temperature deformation conditions.

McPhillimy et al. [4] generated a laser metal deposition tailored preform with a
variable thickness to mitigate thinning, a common defect in the room temperature single-
point incremental forming (SPIF) of titanium parts with high angled walls. An initial
material study of a laser metal deposition (LMD) tailored CP-Ti50A sheet with localized
thickening was performed. Subsequently, single-point incremental forming was performed
on a LMD tailored CP-Ti50A preform sheet. To facilitate the hybrid LMD + SPIF process,
a modular fixture was designed to constrain the tailored titanium sheet during LMD,
post-processing, and SPIF.

Su et al. [5] developed an FE method based on the thermal–elastic–viscoplastic macro-
scopic model to predict the shrinkage, deformation, relative density, and crack of injection-
molded Ti-6Al-4V after sintering, using commercially available Simufact software. In the
authors’ research, experiments were simultaneously performed to justify the accuracy of the
sintering model and simulation method. The results exhibited a good agreement between
the experimental measurements and numerical simulations with a 3% error. The slightly
larger sintered density and shrinkage in the experiment than those in the simulation were
found due to additional thermal convection and conduction during the sintering experi-
ments. It was concluded that the deformation was affected by gravity, friction, specimen
shape, and support mode.

Ullmann et al. [6] studied the orientation-dependent flow behavior of the ZAX210
magnesium alloy to provide basic yield model data for the numerical simulation. The au-
thors found that the plane anisotropy Δr was between 0 and −0.2 at all tested temperatures,
which indicate a slight anisotropic behavior in the sheet plane. The obtained r-values are a
direct result of the crystallographic texture present in the ZAX210 alloy, combined with the
relative resolved shear strengths of the slip and twinning systems. The authors conclude
that the in-plane material flow behavior can be identified as orthotropic, with decreasing
anisotropy at elevated temperatures.

He et al. [7] investigated an unusual phenomenon of strain neutral layer (SNL) spread-
ing revealed during the V-bending test. It was found that the SNL on the middle of the
symmetrical surface perpendicular to the transverse direction extends to the compression
region with a mound-like boundary. The SNL in the side position was distributed with
a parallel band feature. This difference in SNL distribution was mainly attributed to the
difference in three-dimensional stress distributions between the side position and the mid-
dle position of the bending sample. Finally, it was concluded that the three-dimensional
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compressive stresses in the compressed region were responsible for the SNL spreading
phenomenon.

Yan et al. [8] introduced and optimized a two-stage forming strategy in SPIF to reduce
the geometrical deviation and the processing time compared to those manufactured using
a single forming tooling. A simulation model of the SPIF has been developed and solved
using an explicit finite element analysis to study the optimal tool path for a truncated
cone. The design of experiments using a response surface method was used to optimize
the proposed two-stage forming strategy. The simulation results showed that the two-
stage forming technique could significantly reduce both the geometrical deviation and
the forming time. The forming time and part geometric deviation were reduced by 56%
and 25%, respectively. In addition, the part thickness distribution was found to be more
uniform after optimization, and the minimal thickness decreased by 1.6%.

Mahmoud et al. [9] presented an efficient approach for the simulation of the magnetic
pulse forming process of thin sheet metals. The model was developed by combining an
electromagnetic solver, relying on Maxwell’s equations, with a mechanical solver, based on
the conservation of momentum equations. The overall results showed that the accuracy
obtained with a low-resolution SHB approach (a small number of elements) was comparable
to that of a high-resolution MINI-element-based technique (a large number of elements).
The SHB element was shown to be less stiff than the MINI element. Finally, a computational
cost study was carried out, and this demonstrated a higher computational efficiency for
the SHB element since a smaller number of elements could be used while maintaining a
comparable accuracy to that of the MINI element.

Zhang et al. [10] studied the spring back behavior of large complex multi-feature parts
(aluminum alloy inner panel) in the rigid–flexible sequential forming process. Based on
the theoretical prediction and experimental results, the spring back compensation of the
complex inner panel was carried out. The authors showed that the hardening model has a
greater impact on the accuracy of spring back prediction than the yield criterion, and the
prediction accuracy of Barlat’89 + Yoshida–Uemori mixed hardening model is the greatest.
Finally, the optimized loading locus of hydraulic pressure was obtained, and the accurate
results from the compensated parts were used to verify the accuracy of the analysis model.

Liu et al. [11] presented an analytical formability model for the sandwich panel and
demonstrated its capability by predicting the critical failure of a sandwich panel consisting
of two skin AA5754 layers and a core PVDF layer as a case study. It was found that the
developed FLD model overcame the limitation of traditional FLD models and was capable
of predicting the formability of sandwich panels made from composite materials. The
results presented in this study provided a safety evaluation and theoretical guidance on
the plastic-forming and critical failure of the composite sandwich panels for lightweight
sealing and insulating component applications.
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Abstract: Friction drilling is a widely used process to produce bushings in sheet materials, which
are processed further by thread forming to create a connection port. Previous studies focused on the
process parameters and did not pay detailed attention to the material flow of the bushing. In order
to describe the material behaviour during a friction drilling process realistically, a detailed material
characterisation was carried out. Temperature, strain rate, and rolling direction dependent tensile
tests were performed. The results were used to parametrise the Johnson–Cook hardening and failure
model. With the material data, numerical models of the friction drilling were created using the finite
element method in 3D as well as 2D, and the finite volume method in 3D. Furthermore, friction
drilling tests were carried out and analysed. The experimental results were compared with the
numerical findings to evaluate which modelling method could describe the friction drilling process
best. Highest imaging quality to reality was shown by the finite volume method in comparison to
the experiments regarding the material flow and the geometry of the bushing.

Keywords: tensile testing; material characterisation; material modelling; friction drilling; high-strength
low-alloy steel

1. Introduction

Modern lightweight construction concepts for large-scale automotive production are
increasingly characterised by the use of hybrid material composites of fibre-reinforced
plastics (FRP) and metals. Resource-efficient lightweight construction aims to exploit
material-specific potential through appropriate material combinations. Various processes
are currently being used to produce hybrid material compounds, such as hybrid injection
moulding. Industrially manufactured injection-moulded components use the metal insert
as an element of load transfer from the metallic joining zone with other machine com-
ponents into the plastic reinforcement. On some components, the bonding between the
plastic and metal is realised with through-moulding points. One way to improve the low
bond strength of these components is to insert friction-drilled bushings into the component
before injection moulding. The interlocking effect between the plastic and the bushing can
increase the load-bearing capacity of the hybrid material bonding in the component.

Previous studies mainly used the same modelling techniques and focused on the
simulation of the friction drilling process parameters such as force or torque, temperature
distribution, and development, as well as the validation of these values. So far, few
publications have investigated the material flow and geometry of the bushing in, as well as
against, the feed direction, since it is not necessary for common subsequent processes such
as thread forming. Depending on the application, however, the correct digital mapping of
the geometry is essential for a realistic computer-aided design of the process.

Materials 2021, 14, 5997. https://doi.org/10.3390/ma14205997 https://www.mdpi.com/journal/materials
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Therefore, this study focuses on proper digital mapping of the bushing formation
while friction drilling. First, a material characterisation of the HX220 steel by means of
temperature, strain rate, and rolling direction dependent tensile tests was performed. The
parameters of the Johnson–Cook hardening and failure models were determined using the
tensile tests. Second, experimental friction drilling tests of HX220 were conducted as well
as analysed, and compared with friction drilling tests of HX420. Finally, the friction drilling
tests of HX220 were modelled with different numerical approaches using the characterised
material data and contrasted with the experiments. Investigated methods were the finite
element (FE) in 2D and 3D. In addition, the finite volume (FV) method in 3D by means
of the Coupled Eulerian–Lagrangian (CEL) method was applied and tested to model a
friction drilling process.

1.1. Friction Drilling

Friction drilling is a noncutting manufacturing process for the production of bushings
in sheet metal and hollow profiles. For this purpose, a rotating tungsten carbide friction
drill is pressed onto the work piece under axial force. The frictional heat generated between
the drill and the work piece reduces the strength of the material to such an extent that the
drill can be pressed through the sheet metal with significantly reduced force. Material
is shifted by the drill, and a bushing is formed outside of the sheet metal. The lower
part of the bushing consists of approximately two-thirds of the displaced material volume.
Upwards against the feed direction, the remaining third is displaced and can be formed into
a collar [1]. In combination with thread forming, which is also chip-free, highly resistant
threads can be formed in these bushings. Thus, the process offers ideal conditions for
the production of detachable connections in thin-walled work pieces. In order to exploit
further areas of application and to optimise the processes, computer-aided modelling is
indispensable for time- and cost-saving reasons [2]. FE modelling allows the efficient
investigation of most important process variables and their effect, especially for parameters
that are not experimentally determinable [3].

1.2. Friction Drilling Simulalation

The heat transfer of a friction drilling process was modelled in 2D using the thermal
FE method in Ansys by Miller et al. [4]. Obtained from experiment and simulation, the
trend of temperature increase matched well. Abaqus/CAE(Simulia (Dassault Systèmes),
Johnston, Rhode Island, US) was used by Miller et al. in [5] to model friction drilling of
AA 6061-T6 in 3D with FE using eight-node hexagonal elements, adaptive meshing, and
element deletion. The criterion to delete an element was based on the value of critical
plastic strain. A threshold value of 2.2 was required to be reached before an element was
deleted. A comparison of simulated and measured force, torque, and temperature showed
a good quality of the model. Since the simulation showed no bushing against the feed
direction, it was concluded that the element deletion removed too many elements. It was
suggested to improve the simulation by developing a model without using the element
deletion. The results in [6] by Krasauskas et al. also showed no bushing against the feed
direction in a similar simulation model in Abaqus/CAE. Dehghan et al. used a 3D FE
model to analyse the stress, plastic strain, and temperature distribution in friction drilling
of AA 6061 [7]. The model was also created in Abaqus/CAE with hexahedral C3D8RT
elements with a 0.1 mm element size, an adaptive mesh technique, and a Johnson–Cook
failure model. The modelling showed reasonable results regarding the process parameters,
but a comparison of the cross-section view of the experimental and simulated friction
drilled hole showed a difference in both bushings. The simulation had a shorter bushing,
most likely due to many elements deleted by the failure model. The heat generation and
bushing formation caused by friction in friction drilling were studied by Dehghan et al.
in [8]. A FE model in Abaqus/CAE was used, and examined the materials were AISI 304,
Ti-6Al-4 V, and Inconel718. The model consisted of the Johnson–Cook failure model, and
the damage evolution law was modified to include the Hillerborg’s fracture energy. The
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authors were able to represent the formation of the bushing well. Nevertheless, the bushing
in the direction of feed was sometimes too short, and the bushing against the direction of
feed was always too small.

Oezkaya et al. presented another 3D FE simulation model of a friction drilling in [9]
for AlSi10Mg using the software DEFORM-3D, tetrahedral elements, and an adaptive mesh
technique. A failure criterion was not mentioned. The experimental and numerical force,
torque, and temperature showed a good agreement. A comparison of the bushing for
experiment and simulation was not shown, but the simulation indicated the formation
of a too-short bushing. The authors in [10–12] used a similar approach to model friction
drilling processes: 3D FE models were created in DEFORM-3D and consisted of tetrahedral
elements with an adaptive mesh technique. The study did not describe which failure mod-
els were implemented. Hynes et al. analysed friction drilling of copper Cu2C numerically
and validated it through experiments with regard to force and torque [10]. The numerical
temperature was not validated, and the bushing geometry was not analysed. Srilatha et al.
analysed the aluminium AA 7075 numerically in terms of stress, strain, and temperature at
different rotational speeds and feed rates, but did not validate the studies [11]. Bilgin et al.
considered the AISI 1020 for friction drilling [12]. The numerically calculated temperature,
torque, and force matched well with the experimental values for different rotational speeds.
Unfortunately, no figures for the final geometry of the friction drilling simulation were
presented, so the bushing could not be evaluated.

Other promising approaches to modelling friction drilling are mesh-free computa-
tional approaches. Those approaches are developed to deal with large deformation-induced
material failure in destructive manufacturing. A common approach is the element-free
Galerkin (EFG) method. To treat material failure more physically in destructive manu-
facturing processes, a genuine mesh-free method, the smoothed particle Galerkin (SPG)
method, was developed more recently. Wu et al. simulated friction drilling of an AISI
304 steel with the SPG method in LS-DYNA [13]. The work piece was discretised by
SPG particles with a nodal distance of 0.2 mm. The Johnson–Cook hardening model was
applied to describe the flow behaviour of the work piece. However, the material failure
was not described by the Johnson–Cook failure model. The failure process was modelled
by the SPG bond failure mechanism. The numerical results showed a good match with
experimental values regarding force and torque without deleting parts of the discretisation,
as in the FE simulation [14].

2. Materials and Methods

2.1. Material Characterisation

To investigate the flow behaviour of the high-strength low-alloy (HSLA) HX220
steel, the miniaturised tensile test specimens shown in Figure 1a were used, as in [15].
The specimens were taken from a 1.2 mm thick sheet metal at 0◦, 45◦, and 90◦ to the
rolling direction using water-jet cutting. Uniaxial tensile tests were carried out at elevated
temperatures on a DIL 805A/D+T quenching(TA Instruments; New Castle; PA; USA) and
forming dilatometer from TA Instruments. The test equipment of the forming dilatometer
is shown in Figure 1b. Before testing, a stochastic pattern was applied, and a thermocouple
was welded onto the specimen to regulate the temperature. It was then placed in the
dilatometer, heated to the respective forming temperature via a heating coil with an
integrated cooling system, and held for 20 s. Afterwards, the forming force was applied
via the hydraulic system until failure of the specimen occurred. During the forming of
the specimen, the change in length and width of the test area was measured with an
ARAMIS (GOM GmbH, 38122 Braunschweig, Germany) optical measuring system from
GOM GmbH. The forming temperature was investigated at 20 ◦C, 250 ◦C, and 500 ◦C, and
the strain rate at 0.01 s−1, 0.1 s−1, and 1 s−1. Every parameter combination was performed
five times to ensure statistical coverage. The occurring force and the measured length
change were transferred into uniaxial flow curves according to the state of the art [16].
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Further, temperature-dependent anisotropy coefficients were derived for the strain rate of
0.01 s−1 according to the common procedure [17].

 

Figure 1. Miniature tensile test specimen geometry (a); and the experimental setup of the quenching and forming dilatometer
with an optical measuring system (b).

2.2. Modelling of the Flow and Failure Behaviour

Since forming simulations often show plastic strains that are higher than the plastic
strain of the uniaxial tensile test, extrapolation approaches are used to extrapolate flow
curves up to the increased plastic strains. Furthermore, the approximation of the flow curve
by an analytical approach is advantageous, since the FE calculation no longer requires
time-consuming interpolation between the supporting points of the flow curve, but can
be calculated efficiently using the analytical approach. A commonly used extrapolation
approach is the Johnson–Cook hardening model, as shown in Equation (1) [18]:

kf,J-C =
(

A + B εn
pl ) × (

1 + C × ln
.
εnorm

) × (1 − (Tnorm)m) (1)

.
εnorm=

.
εpl/

.
εpl,0 (2)

Tnorm = (T − Troom)/(Tmelt − Troom) (3)

where kf,J-C is the flow stress; A, B, C, m, and n are model parameters; εpl is the plastic strain;
and

.
εnorm and Tnorm are the nondimensional plastic strain rate and the nondimensional

temperature, respectively.
.
εnorm is a function of the plastic strain rate

.
εpl and the reference

plastic strain rate
.
εpl, 0, while Tnorm is a function of the temperature T, the room temperature

Troom, and the melting temperature of the material Tmelt. The model was parameterised
using the experimental flow curves and the least squares method. For a comparison of the
material flow behaviour and a first validation, the tensile tests were simulated. The 3D FE
simulation model and the associated boundary conditions are shown in Figure 2a.

The geometry of the specimen, material data, and the boundary conditions were
implemented in Simufact Forming 16.0 (simufact engineering gmbh, 21079 Hamburg,
Germany) Only the middle area of the specimen, which was the plastic deformed area in
the experiments, was modelled using hexahedral solid-shell elements with five integration
points over the thickness and an element edge length of 0.1 mm. Adaptive remeshing
was used when the plastic strain exceeded a value of 0.4. For the material properties,
the Johnson–Cook hardening model and the anisotropy parameters by means of the
Hill’48 yield criterion [19] were used. As boundary conditions, the left nodes were fixed in
all directions, and the right nodes were freely movable only in the x-direction, in which
a displacement was applied with the same speed as in the experiment. The end of the
simulation was defined by the end of the displacement in the x-direction, which was
the average value of five experiments for the displacement at failure ux,fail, as shown in
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Figure 2b. The problem was solved using an implicit solver. Finally, the force–displacement
curves from the experiments and simulations were compared.
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Figure 2. Geometry of the simulation model (a); and the boundary conditions for the comparison of
the hardening model (b) and for the failure model (c).

To predict the material failure in sheet metals, usually forming limit curves are
used [20]. Due to the deformation during friction drilling, however, a stress state is
present, which is not represented by forming limit curves. Therefore, the Johnson–Cook
failure model [18] was used as depicted in Equation (4):

εf = (D1 × D2 × exp(−D3 × η)) × (
1 + D4 × .

εnorm
) × (1 + D5 × Tnorm) (4)

where εf is the failure strain, D1 to D5 are model parameters, and η is the triaxiality. In the
prior FE simulation of the tensile tests, the triaxiality and the plastic strain were evaluated
at the location and time of the material failure of the specimen, which both were determined
in the experiments. From the plastic strain–triaxiality curve, the area-weighted triaxiality
was calculated, and the maximum plastic strain was defined as the failure strain. To
calculate the Johnson–Cook failure model parameters, both the area-weighted triaxiality
and the failure strain were used when applying the least squares method. For another
comparison of the material failure behaviour, the tensile tests were simulated using the
prior 3D FE models including material damage. The Johnson–Cook failure model and
element deletion were implemented. Further, the boundary conditions were changed
as shown in Figure 2c. The displacement in the x-direction ux was set to a high value,
since the end of the simulation was determined by deletion of the first element. Finally,
the force–displacement curves from the experiments and simulations were compared to
evaluate the moment of failure prediction by the simulation.

2.3. Friction Drilling Experiments

For the experimental investigations, friction drilling tests were performed. The
test setup was installed in a 5-axis DMU 100 Monoblock milling machine from DMG
MORI(DMG MORI Aktiengesellschaft, 33689 Bielefeld, Germany), and consisted of a
friction drill, a specimen with dimensions of 25 mm × 100 mm, and clamping and force-
measuring plates. A schematic illustration of the experimental setup is shown in Figure 3a
to clarify the resulting load path. For the experiments, a M4 friction drill and a separating
agent from Flowdrill (Flowdrill Fließformwerkzeuge GmbH, 69469 Weinheim, Germany)
were used. The tested rotational speed and feed rate were 5800 rpm and 50 mm/min. The
resulting forming force while friction drilling was measured with the force-measuring
plate. Measuring of the temperature on the bushing during the experiment was difficult
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due to the wide range of temperatures, the speed of the process, and the experimental
setup. Therefore, thermocouples were welded on the specimens before testing to measure
the temperature development. They were placed about 4 mm from the centre of the former.
The tested specimens were made of the HX220 steel with a sheet thickness of 1.2 mm.
To compare the influence of a higher sheet thickness and a higher material strength on
the process, HX420 steel measuring 1.5 mm was also used in the friction drilling exper-
iments. The forming was stopped at different strokes, such as 2 mm, 4 mm, 6 mm, and
8 mm. It was aimed to set the characteristic states entering (1) and breakthrough (2) of
the conical part of the friction drill, as well as entering (3) and breakthrough (4) of the
cylindrical part, as shown in Figure 3b. Therefore, it was possible to compare the mate-
rial flow and resulting geometry of the bushing from the experiments to the simulation.
Each experiment was performed five times to ensure statistical safety. Subsequently, the
specimens were photographed from the outside with a VR-3200 3D profilometer from
Keyence (KEYENCE DEUTSCHLAND GmbH, Neu-Isenburg, Germany). Further, a 3D
profile of the upper and lower bushing was recorded with the 3D profilometer. Finally, the
specimens were separated, mounted, grinded, and polished. The mounted separations
also were microscopically examined with the 3D profilometer.

 (a) (b)

Load path Friction drill

Specimen

Force 
measuring 
plate

Clamping

Thermo-
couple

h Fr

y

xz

Figure 3. Schematic illustration of the experimental setup for friction drilling with force measurement
(a) and states of the friction drilling (b): entering (1) and breakthrough (2) of the conical part of the
friction drill; and entering (3) and breakthrough (4) of the cylindrical part.

2.4. Numerical Modelling of Friction Drilling

Due to the very complex physical phenomena of the friction drilling process, several
assumptions were made in the numerical models. The contour of the friction drill with
its forming studs was simplified to be rotationally symmetrical. Furthermore, the friction
during the friction drilling process was a complex and changing condition, and the friction
parameters were difficult to determine experimentally. Therefore, the friction was simpli-
fied using the Coulomb friction law. To create the numerical models, the effective part of
the tools and the specimen were abstracted, prepared, and discretised with a finite element
mesh. The boundary conditions were chosen according to real friction drilling tests. There-
fore, an M4 friction drill with a rotational speed of 5800 rpm and feed rate of 50 mm/min
was simulated. The contact between the specimen and the clamp tool was modelled as
adhesive, and for friction between the specimen and the friction drill, a Coulomb friction
coefficient of 0.3 was assumed. The characterised and modelled material behaviour of
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the specimen was used by implementing the Hill’48 yield criterion, the Johnson–Cook
hardening model, and the failure model.

Lagrangian discretisation is a meshing method with a matter-fixed arrangement [21].
The model sections are divided as finite elements of the component. A movement is
represented in the matter-fixed elements as a movement of those elements. Each element
is a part of the model and moves with the model. Limitations of the range of motion are
represented as contact surfaces, which may not be penetrated by the elements. Lagrangian
discretisation is common for the FE method, and hence for applications such as solid-state
computations and structural mechanics [22].

First in this study, a symmetrical 3D FE model of the friction drilling experiments was
generated with the software Simufact Forming 16.0. Such 3D FE simulations are commonly
used to model forming processes due to their accurate representation of reality [23]. With
the high reality fidelity, the computation time increased massively. Figure 4a shows the
geometry and the boundary conditions of the 3D FE model. The geometry consisted of the
friction drill, the specimen, and a clamp tool. In preliminary simulations, the full geometry
and different sections in 3D were investigated using axis symmetry to reduce the number
of elements as much as possible. Finally, one-eighth of the geometry was modelled, because
this offered the best ratio in terms of calculation time and result accuracy. The specimen
was modelled as elastic-plastic, and the other parts as rigid bodies. Solid elements of the
element type hexahedron with remeshing at plastic strains of 0.2 were used. The element
edge length was 0.1 mm in the area of the bushing and 0.4 mm outside, also to reduce the
computation time. In preliminary investigations, it was found that a coarser mesh in the
area of the bushing led to a poorer reproduction of the friction drilling. An implicit scheme
and an iterative solver were chosen for the computation.

 (a) (b)
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Figure 4. Geometry and boundary conditions of the numerical friction drilling models: section view of the 3D FE model (a);
2D FE model (b); and section view of the 3D FV model (c) with rotational speed n as well as feed rate f.

Second, a rotationally symmetrical 2D FE model of the friction drilling experiments
was created with the software Simufact Forming 16.0. Using symmetry had the advantage
of reducing the number of elements and shortening computation time, and is therefore
also often used in the literature [24]. Hence, it was useful to study the suitability of the 2D
FE simulation to reproduce friction drilling numerically. The geometry and the boundary
conditions of the 2D FE model are depicted in Figure 4b. A further support tool was added
in the simulation. The specimen was modelled as elastic-plastic, the clamp tool and the
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support tool as rigid, and the friction drill as an elastic deformable body. A quad element
with an element edge length of 0.1 mm was used to discretise the specimen and the friction
drill. The remesh criterion for the specimen was set to a plastic strain of 0.2. As in the 3D
FE simulation, implicit calculation and an iterative solver were used. The friction welding
module of Simufact Forming 16.0 was used to model the friction drilling. Due to the friction
between the rotating bodies in friction welding processes, the joining zone is heated locally
and the flow stress is reduced. Similar processes take place in friction drilling processes,
and therefore the module was applied. In the friction welding module, the frictional heat
was not calculated via the tool movement, but via a substitute model [25]. This allowed
simulating such processes as 2D, since rotations are not describable in 2D. The substitute
model described the generation of frictional heat qFR as a function of conducted frictional
work WFR and its dissipation coefficient βFR, as shown in Equation (5):

dqFR(i) = βFR × dWFR(i) = βFR × τR(i) × ω × r × dt (5)

The incremental frictional work of a node i on the contacting surface can be described
as a function of its axial distance from the rotation centre r, current frictional shear stress
τR(i), rotational speed ω, and incremental time dt.

Eulerian discretisation is a meshing method with a space-fixed arrangement [21].
The model sections are divided as a fixed network of elements in space. A movement is
represented in the space-fixed elements as a balance of the quantity flowing in, the quantity
flowing out and the quantity remaining in the elements. Limitations of the range of motion
are represented as blocking of elements. A common method in Eulerian discretisation is
the FV method, and therefore is used for applications such as fluid dynamics and flow
processes. The CEL method has the possibility to couple an Eulerian formulation with a
Lagrangian formulation to allow Eulerian and Lagrangian discretisation to interact within
one model. The Lagrangian part can move through the Eulerian discretisation until it
encounters an Eulerian material. Then, the contact between the different discretisations is
calculated by a penalty contact method.

Third, in Abaqus/CAE, a 3D FV friction drilling model with CEL was built up. The
geometry and the boundary conditions of the 3D FV model are illustrated in Figure 4c. It
consisted of the friction drill, the specimen, and the Eulerian discretisation of the space
around the specimen. The friction drill was modelled as elastic, and the specimen as elastic-
plastic. For the Eulerian discretisation, which had a volume of 15 mm × 15 mm × 8 mm,
solid elements of the element type hexahedron with an element edge length of 0.1 mm were
used. The friction drill was discretised with solid tetrahedral elements with an element
edge length of 0.5 mm and with a refinement of the mesh at the tip of the tool of 0.3 mm. A
direct solver and explicit scheme were used to solve the model.

3. Results

3.1. Material Data

In Table 1, the chemical compositions of the investigated HX220 steel are given, as
measured by spark spectroscopy. The determined chemical compositions were within the
normed range specified by DIN EN 10268 [26].

Table 1. Chemical composition of HX220 in mass %.

C Si Mn P S

0.0357 0.0305 0.4350 0.0366 0.0069

The experimental flow curves of HX220 in 0◦ to the rolling direction are shown
for plastic strain up to 0.2 in Figure 5a. In each case, it was the middle curve of the
five recorded curves. As expected, the flow stress decreased with increasing forming
temperature. With respect to strain rate dependence, no strong influence could be observed
for the particular temperatures. However, the yield stress increased slightly with a higher
strain rate. Temperature-dependent anisotropy coefficients with the standard deviation
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of the HX220 are depicted in Figure 5b. For all three investigated forming temperatures,
the anisotropy values at 0◦, 45◦, and 90◦ to the rolling direction, as well as the mean
perpendicular anisotropy coefficient, showed values significantly higher than 1. Therefore,
anisotropic plastic behaviour was present, in which more material flowed from the width
to the length than from the thickness under tensile load in the longitudinal direction. In
this case, the sheet metal exhibited greater resistance to a reduction in sheet thickness.

Figure 5. Experimental temperature and strain-ate- dependent flow curves at 0◦ to the rolling direction
(a); and temperature-dependent anisotropy coefficients (b) for HX220 at a 1.2 mm sheet thickness.

The experimentally recorded flow curves were approximated and extrapolated using
the Johnson–Cook hardening model. The resulting flow curves are shown in Figure 6a for
a plastic strain up to two. The identified parameters of the Johnson–Cook hardening model
are listed in Table 2. For a comparison of the material modelling, the tensile tests were
simulated using the Johnson–Cook hardening model and Hill’48 yield criterion. Figure 6b
shows a comparison of the forming force-displacement function of five experiments, and
the numerical simulation exemplarily for a forming temperature of 20 ◦C and a strain rate
of 1 s−1. A very good agreement between the experimental results and the simulation was
achieved. After the maximum forming force was reached, the simulated forming force
decreased less strongly than in the experiments. This was because the calculation of the
forming force in the simulation software did not take the damage evolution into account,
which took place after the maximum forming force was reached and the necking occurred.
Therefore, it was reasonable for the simulation to overestimate the experimental forces
after the onset of necking.

The Johnson–Cook failure model was parameterised based on the simulations of
the tensile tests. A three-dimensional representation of the parameterised Johnson–Cook
failure model is shown in Figure 7a for a forming temperature of 20 ◦C varying the strain
rate, and for a strain rate of 0.01 s−1 varying the forming temperature.

The failure strain decreased marginally with an increase of the strain rate from 0.01 s−1

to 1 s−1. Increasing the forming temperature resulted in a large reduction of the failure
strain. The calculated parameters are listed in Table 3 for HX220. For another comparison
of the material modelling, the tensile tests were then simulated using the Johnson–Cook
hardening and failure model. A comparison of the forming force-displacement function of
five experiments and the numerical simulation exemplarily for a forming temperature of
20 ◦C and a strain rate of 1 s−1 is depicted in Figure 7b. The drop of the forming force in the
simulation due to the deletion of the elements was in the range of the experiments. Overall,
the simulation showed a good agreement with the failure model. Since the modelling of the
material behaviour with the Johnson–Cook hardening and failure models matched well, the
modelling approaches were used in the further simulations of the friction drilling process.
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Figure 6. Extrapolated flow curves of HX220 for a plastic strain up to two (a); and comparison of the forming force–
displacement curves from the experiments and simulation with average displacement at failure ux,fail (b).

Table 2. Parameters of the Johnson–Cook hardening model for HX220.

A in MPa B in MPa C m n
.
εpl,0 in s−1 Troom in ◦C Tmelt in ◦C

212.2 409.2 0 0.7521 0.3524 0.01 20 1500

Figure 7. A 3D representation of the Johnson–Cook failure model for HX220 (a); and a comparison of the forming
force–displacement curves from the experiments and simulation with displacement in x-direction ux (b).

Table 3. Parameters of the Johnson–Cook failure model for HX220.

D1 D2 D3 D4 D5

0.3846 0.8279 −1.0827 −0.0189 −1.9109

3.2. Experimental Results of Friction Drilling

Figure 8 illustrates the resulting bushings for HX220 and HX420 as optically measured
3D profiles. The upper bushing against the feed direction had a maximum length averaging
of 0.72 mm for HX220 and 0.97 mm for HX420. The higher length of HX420 can be related
to the higher sheet thickness of 1.5 mm compared to the thickness of 1.2 mm for HX220.
A further cause of the higher length of HX420 was the higher tensile strength of 443 MPa
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in comparison to the tensile strength of 365 MPa for HX220. The gearlike structure of the
upper bushings was due to the fact that the image was taken from above, and the small
cracks in the upper bushing were projected onto the entire geometry. Lower bushings in
the feed direction showed an inverse correlation. The maximum length for HX220 was on
average 2.42 mm, and for HX420 slightly less than 2.38 mm. Cracks that appeared in the
lower bushing of HX220 and not in HX420 can explain the cause of the almost equal lengths.
Cracks indicated that the thickness of the lower bushing of HX220 was most likely reduced
compared to HX420, and therefore increased the length of the lower bushing of HX220.
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Figure 8. Optically measured 3D profiles of the upper and lower bushings for HX220 at a 1.2 mm
sheet thickness (a) and HX420 at 1.5 mm (b).

Experimental force–time curves are shown in Figure 9a for HX220 and HX420, for
three measurements each. The maximum force of HX220 was on average 0.71 kN, and
for HX420 was 1.12 kN. Higher forces while friction drilling HX420 compared to HX220
were due to the higher sheet thickness and the higher tensile strength of the HX420. In
addition to the higher maximum, the force–time curves of both materials showed the same
progression. The force rose fast after contact of the drill with the specimen, then rose
until the maximum force during forming and decreased quickly after the material was
perforated. Figure 9b depicts the experimental temperature–time curves for HX220 and
HX420 placed at 2 mm from the resulting bushing for three measurements. The diagram
clearly shows that the temperature measurements were reproducible. A similar progression
for both materials was visible. The maximum temperature was higher for HX420 than for
HX220 due to the higher material strength of HX420, and due to the higher plastic work. In
addition, the higher sheet thickness of HX420 resulted in a higher maximum temperature
due to the increased contact area, since more material was in contact with the drill. The
average maximum temperature for HX220 was 444.2 ◦C, and for HX420 was 519.2 ◦C. It
was also noticeable that the temperature rose almost as fast for HX220, but fell faster than
for HX420 due to the smaller sheet thickness.
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Figure 9. Experimental measured force–time curves (a) and temperature–time curves (b) for friction drilling HX220 at a
1.2 mm sheet thickness, as well as HX420 at 1.5 mm, for three repetitions each.

3.3. Numerical Results and Comparison to the Experiments

Figure 10 shows the results of the 3D FE simulation of a one-eighth geometry compared
to the micrographs of the mounted separations for different strokes. Overall, the agreement
between experiment and simulation was good for the different strokes. However, it was
problematic that with increasing stroke, the plastic strain reached high values, the damage
was accumulated, and thus many elements were removed. An even finer mesh in the
area of the bushing did not improve the outcome and was computationally almost not
practicable. For applications in which the upper and lower bushing were negligible, the
simulation could be performed in 3D with FE. However, since the form of the bushing
represented an important result variable in this study, further investigations in 2D with FE
and in 3D with FV were carried out.

The results of all performed simulations and of the corresponding experiment are
shown in Figure 11 as a comparison of the resulting geometry shapes of the bushing.
Section views of the bushings were derived and measured digitally. The length of the
bushing was measured from the upper bushing or from the upper side of the sheet to the
lower bushing. While the diameter of the bushing was very similar for all simulations, the
length of the upper and lower bushing differed greatly for the different simulation methods.
Figure 11a,b depict the geometry shape from the experiment and the 3D FE simulation,
as shown in Figure 10. The length of the bushing was 4.34 mm for the experiment and
3.35 mm for the 3D FE simulation. The rotationally symmetrical 2D FE model using the
friction welding module from Simufact Forming 16.0 is shown in Figure 11c. It is clearly
visible that no upper bushing was created while friction drilling, and the specimen was bent
strongly, resulting in a shorter bushing length of 2.77 mm. For the numerical modelling of
friction drilling, both the rotational and translational motion of the friction drill had to be
modelled, and therefore a 3D FE simulation was necessary. Compared to rotational friction
welding, the rotation also was required to be considered, and could not be simplified in a
2D FE simulation via an analytical approach for heat calculation. The 3D FV simulation
in Figure 11d had a bushing with a 4.12 mm length, and was therefore the closest to the
experiment. In addition, the thickness of the bushing was much more realistic than in the
FE simulations. To prove the theory that both the rotational and translational motion of the
friction drill had to be modelled, the 3D FV simulation was performed without the rotation
boundary condition of the friction drill. The resulting bushing is illustrated in Figure 11e,
and revealed similarities to the 2D FE simulation. The bushing for the 3D FV simulation
without rotation was 2.05 mm.

16



Materials 2021, 14, 5997

 

Pl
as

tic
st

ra
in

0

3.0

1.5

1 mm

y

xz

Figure 10. Comparison of the bushings for the experimental micrographs of the mounted separations
and the 3D FE simulation at the states: entering (1) and breakthrough (2) of the conical part of the
friction drill; and entering (3) and breakthrough (4) of the cylindrical part for HX220 at a 1.2 mm
sheet thickness.
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Figure 11. Geometry shapes of the resulting bushing for HX220 at a 1.2 mm sheet thickness: experiment (a); 3D FE (b); 2D
FE (c); 3D FV (d); and 3D FV without rotation (e).

Figure 12 illustrates the results of the 3D FV simulation compared to the experimental
micrographs for the different strokes of 2 mm, 4 mm, 6 mm, and 8 mm. In Abaqus/CAE, it
was not possible to generate a section view of the contour plot for the 3D FV simulation.
Therefore, the plastic strain is shown as seen from the outside. In order to ensure a better
comparison with the experiment, micrographs of the specimens from outside were taken
in addition to the micrographs of the mounted separations. The numerical results fit very
well to the experimental investigations regarding the form of the upper and lower bushing
at each stroke. High plastic strains were also achieved in the simulation with FV, but
significantly fewer elements were removed compared to the 3D FE simulation, resulting in
a better geometric approximation of the bushing.

A comparison of the temperature measurements from the experiments and the FV sim-
ulation are shown in Figure 13. In Figure 13a, the position of the spot-welded thermocouple
(MP) and three measuring points (MP1–3) are depicted. The thermocouple was placed
about 2 mm from the bushing’s outer edge (i.e., approximately 4 mm from the centre of the
former). In the simulation, the measuring points were positioned about 1 mm, 2 mm, and
3 mm from the bushing’s outer edge (i.e., approximately 3 mm, 4 mm, and 5 mm from the
centre of the former). The measurements did not ensure a full validation of the simulation,
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but a good estimation and verification was possible. In Figure 13b, the corresponding
temperature–stroke curves from three experiments and from the FV simulation at the
three measuring points are shown. In addition to the previous simulation with a friction
coefficient of 0.3, the simulation was carried out with friction coefficients of 0.1 and 0.5 to
study the influence of the coefficient. For the three friction coefficients, the development of
the temperature in the simulation was similar. As expected, the maximum temperature
increased with an increasing friction coefficient. The MP2 in the simulations with friction
coefficients 0.1 and 0.3 agreed well with the experiments, whereby the temperature was
slightly overestimated at 0.3 and underestimated at 0.1.

Figure 12. Comparison of the bushings for the experimental micrographs and the 3D FV simulation
in the states: entering (1) and breakthrough (2) of the conical part of the friction drill; and entering (3)
and breakthrough (4) of the cylindrical part for HX220 at a 1.2 mm sheet thickness.

Figure 13. Temperature-measuring position in the experiments and in the FV simulation (a); and experimental measured
and simulated temperature–stroke curves (b) for friction drilling HX220.
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4. Discussion

Equivalent to the state of the art, the 3D FE simulation showed restriction in reproduc-
ing the experimental length of the bushing. In particular, the upper bushing was very short.
For applications in which the geometry of the bushing is negligible, the simulation can be
performed in 3D with FE. To improve the 3D FE simulation, a new model to split the mesh,
such as node separation method, would also be helpful. Using 2D FE methods usually
seems to be a time- and cost-saving option that still maintains good model quality. Never-
theless, it was not possible to model friction drilling in 2D with an adequate model quality
compared to the other methods in this research. In addition to the analytical approach
for generating the temperature, an analytical approach for calculating the rotation and its
effects would be necessary for the 2D simulation. The bushing formation could be mapped
well using the FV simulation in 3D and more realistic compared to the other methods. It
also offers optimisation potential in terms of the bushing geometry. The development of
cracks in the bushing could not be reproduced realistically with the current model.

5. Conclusions

This paper presented experimental und numerical investigations of friction drilling
HSLA steel. Temperature, strain rate, and rolling direction dependent tensile tests of the
HSLA HX220 were executed and used to parametrise the Johnson–Cook hardening and
failure models. Friction drilling tests were performed and analysed for HX220 and for
HX420. Further, the experiments of HX220 were numerically modelled using different
methods. First, the process was modelled using FE in 3D, similar to most of the literature.
Then, a 2D FE model was created using a welding module. Last, the FV method was used
to reproduce and analyse the friction drilling process numerically.

Since the comparison of the simulations and the experiments showed good agreement,
it could be assumed that the methods used for the material characterisation and modelling
were appropriate. Based on the findings, we concluded that a more realistic material flow
and geometry of the bushing was achieved by the FV simulation, rather than the 3D and 2D
FE simulation. It is important to note that the integration of the rotation in the simulation
was important for the correct mapping of the bushing geometry.

With the help of the improved modelling of the bushing geometry, it was possible
to carry out numerical investigations regarding the bushing as an interlocking element
for injection moulding in further work. An overmoulded bushing under load could be
numerically mapped and compared with experiments so that further digital investigations
can be carried out with verification. An investigation of the arrangement of bushings as a
pattern and the effect on the bond strength would be of interest. Once a suitable bushing
arrangement has been identified, the concept can be transferred to a simulated component
and validated.
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Abstract: TC31 is a new type of α+β dual phase high temperature titanium alloy, which has a high
specific strength and creep resistance at temperatures from 650 ◦C to 700 ◦C. It has become one of
the competitive candidates for the skin and air inlet components of hypersonic aircraft. However,
it is very difficult to obtain the best forming windows for TC31 and to form the corresponding
complex thin-walled components. In this paper, high temperature tensile tests were carried out at
temperatures ranging from 850 ◦C to 1000 ◦C and strain rates ranging from 0.001 s−1 to 0.1 s−1,
and the microstructures before and after deformation were characterized by an optical microscope,
scanning electron microscope, and electron back-scatter diffraction. The dynamic softening and
hardening behaviors and the corresponding micro-mechanisms of a TC31 titanium alloy sheet within
hot deformation were systematically studied. The effects of deformation temperature, strain rate,
and strain on microstructure evolution were revealed. The results show that the dynamic softening
and hardening of the material depended on the deformation temperature and strain rate, and
changed dynamically with the strain. Obvious softening occurred during hot tensile deformation
at a temperature of 850 ◦C and a strain rate of 0.001 s−1~0.1 s−1, which was mainly caused by void
damage, deformation heat, and dynamic recrystallization. Quasi-steady flowing was observed when
it was deformed at a temperature of 950 ◦C~1000 ◦C and a strain rate of 0.001 s−1~0.01 s−1 due to
the relative balance between the dynamic softening and hardening. Dynamic hardening occurred
slightly with a strain rate of 0.001 s−1. Mechanisms of dynamic recrystallization transformed from
continuous dynamic recrystallization to discontinuous dynamic recrystallization with the increase
in strain when it was deformed at a temperature of 950 ◦C and a strain rate of 0.01 s−1. The grain
size also decreased gradually due to the dynamic recrystallization, which provided an optimal
forming condition for manufacturing thin-walled components with the desired microstructure and
an excellent performance.

Keywords: titanium alloy; dynamic softening; dynamic hardening; recrystallization

1. Introduction

Titanium alloys are widely used in aerospace and other industrial fields due to their
excellent properties, such as a high specific strength, corrosion resistance, and creep re-
sistance [1–3]. In recent years, the demand for high-temperature titanium alloys has
increased with the development of new generation aircraft aiming to be high-speed and
lightweight [4,5]. The ultimate strength of the TC31 titanium alloy at 650 ◦C can reach
more than 600 MPa [6,7]. Therefore, the TC31 titanium alloy meets the requirements of
structural parts that are served short-time at 650 ◦C~700 ◦C such as the skins and air
inlets of hypersonic aircrafts [2,5,6]. However, titanium alloys have high strength, poor
ductility, and a low Young’s modulus at room temperature, so it is usually necessary to heat
titanium alloys to a certain temperature for hot forming, such as hot forging, hot pressing,
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superplastic forming, and hot gas pressure forming, etc. [8–11]. Hot gas pressure forming
is a process that can form titanium alloy complex thin-walled components with a relatively
high efficiency. However it is very challenging to control the deformation uniformity
during the hot gas pressure forming process of thin-walled components, which may give
rise to local thinning and cracking defects [12–15]. The deformation uniformity is affected
by the coupling of dynamic hardening and dynamic softening during the hot deformation.
The material flow behavior is complex and very sensitive to thermomechanical factors such
as temperature, strain rate, and strain [16,17]; therefore, it is very challenging to accurately
control the post-form microstructure and properties of high-temperature titanium alloy
thin-walled parts.

Lots of studies have been performed on the hot deformation behavior and microstruc-
ture evolution of near-α titanium alloys. Hao et al. [18] studied the deformation mecha-
nisms of the Ti-6Al-2Zr-1Mo-1V titanium alloy in a wide temperature range from −60 ◦C
to 900 ◦C and found that the deformation mechanism was dislocation slip when the
deformation temperature was below 600 ◦C, but the dynamic recrystallization and the
spheroidization of lath α resulted in the flow softening and significantly decreased the flow
stress when the deformation temperature was above 600 ◦C [19]. During the superplastic
tensile deformation of the Ti55 titanium alloy at 925 ◦C and 0.00664 s−1 [20], the main
mechanism was grain rotation accommodated by grain boundary sliding, and the soft-
ening during the hot tensile tests was mainly attributed to DDRX. During the isothermal
multi-directional forging of the Ti-6.5Al-2.5Sn-9Zr-0.5Mo-1Nb-1W-0.25Si titanium alloy at
the temperature range of 920 ◦C~1010 ◦C [21], the recrystallization mechanism changed
from discontinuous dynamic recrystallization (DDRX) to continuous dynamic recrystal-
lization (CDRX), and the grain size became smaller with the decrease in the deformation
temperature. Wu et al. [22] pointed out that the hot tensile deformation of the TA32 high
temperature titanium alloy rolled sheet at 700 ◦C~900 ◦C was affected by anisotropy, and
the main dislocation slip types were cylindrical slip and conical slip along the rolling
direction and transverse direction, respectively, but DDRX could effectively weaken the
anisotropy at a higher deformation temperature. The flow softening mechanisms of the
IMI834 high temperature titanium alloy during the isothermal compression deformation in
the α+β two-phase region and the β single-phase region were dynamic recrystallization
(DRX) and dynamic recovery (DRV), respectively [23]. When the deformation occurred
at the β single-phase region, the cross slip and climb of dislocations easily occurred. The
research on the hot deformation mechanisms of dual-phase titanium alloys has mainly
concentrated on the TC4 titanium alloy [24]. At present, there are few reports on the hot
deformation behavior and microstructure evolution of the new developed TC31 dual-phase
high temperature titanium alloy.

In this paper, the hot deformation behaviors of the TC31 titanium alloy at 850 ◦C~1000 ◦C
and 0.001 s−1~0.1 s−1 were investigated firstly by uniaxial tensile tests, and the dynamic
softening and hardening of the material were analyzed according to the obtained flow
stress curves. Secondly, the microstructure evolution and mechanisms, especially the
recrystallization behaviors, under different deformation temperatures, strain rates, and
strains were systematically studied by scanning electron microscopy (SEM) and electron
backscatter diffraction (EBSD). This work could provide some guidence for the forming of
TC31 high temperature titanium alloy thin-walled components, and promote the industrial
application of this newly developed titanium alloy.

2. Materials and Methods

2.1. Materials

The material used in this study was a TC31 high-temperature titanium alloy hot-
rolled sheet with an average thickness of 1 mm, which was supplied by Baotai Group Co.,
Ltd. (Baoji, China). The chemical compositions obtained by PW4400 X-ray fluorescence
spectrometer are listed in Table 1. The x-ray diffraction (XRD) analysis of the TC31 titanium
alloy sheet was performed by an X’PERT PRO diffractometer (Malvern Panalytical Co. Ltd.,
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Almelo, The Netherlands) and the results are shown in Figure 1a. The XRD patterns indicate
that the TC31 titanium alloy consists of α phase and β phase. The initial microstructure
of the hot-rolled sheet consists of a mostly equiaxed α phase, a few lamellar secondary α

phase, and some strip and block shaped β phase. The β phase is distributed along the grain
boundaries of the α phase, and the volume fraction of the β phase is about 20%, as shown in
Figure 1b. The β transition temperature was confirmed to be 1025 ◦C by the metallographic
method. The EDX elemental mapping of the TC31 titanium alloy is shown in Figure 1c.
Regarding the TC31 titanium alloy, the α-stabilizing element includes Al, the β-stabilizing
elements include Nb, Mo, W and Si, and the neutral elements include Sn and Zr [25]. It
is clear that the distributions of neutral elements are uniform and the distributions of the
remaining elements are non-uniform. The concentration of the Al element is higher in the α

phase and the concentrations of Nb, Mo, W, Si elements are higher in the β phase, which is
typical for titanium alloys. Nb and Mo are β isomorphous elements, so their concentration
contrast in the α phase and the β phase is obvious; however, W and Si are β eutectoid
elements and their concentration contrast in the α phase and the β phase are slight.

Table 1. Chemical composition of the TC31 titanium alloy.

Element Al Sn Zr Nb Mo W Si Ti

wt.% 5.21 3.45 3.47 1.26 1.24 0.39 0.20 Bal.

Figure 1. (a) The XRD of the TC31 titanium alloy; (b) microstructure of the as-received sheet; (c) the
EDX elemental mapping of the TC31 titanium alloy.

2.2. Uniaxial Tensile Tests and Microstructure Characterization

The selection of the parameters was based on the hot gas pressure forming process for
the TC31 titanium alloy. The forming parameters should ensure not only the formability
but also the post-form properties. Regrading the TC31 titanium alloy, the peak stress at
850 ◦C is as high as 250 MPa at the strain rate of 0.01 s−1, which is too high for the hot gas
pressure forming process. Hence, the minimum tensile temperature was chosen as 850 ◦C.
Titanium alloy thin-walled components are usually formed in the α+β two-phase zone in
consideration of the post-form mechanical properties [2,9,13]. In this paper, the β transition
temperature of the TC31 titanium alloy was confirmed to be 1025 ◦C by the metallographic
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method; therefore, the maximum tensile temperature was chosen as 1000 ◦C. The strain rate
during the process of the hot gas pressure forming was about 0.01 s−1 [3,8,15]; therefore,
the range of strain rate in this study was chosen from 0.001 s−1 to 0.1 s−1.

Specimens for the high temperature tensile tests were machined by wire-cut electrical
discharge machining from the as-received sheet with the tensile axis parallel to the rolling
direction, and the dimensions are shown in Figure 2a. Firstly, the oxide layer of the TC31
titanium alloy was removed by acid pickling with a solution of 3% HF, 30% HNO3, and 67%
H2O for 75 seconds before the tensile tests. Secondly, the surface of the sample was coated
with an antioxidant of TO-12 glass protective lubricant supplied by Beijing Tianlichuang
Company (Beijing, China) to prevent oxidation within hot deformation. Therefore, the
oxidation state of the blank was neglected in this study. Uniaxial tensile tests were carried
out on an INSTRON-5500R electronic universal material testing machine at 850 ◦C~1000 ◦C
and 0.001 s−1~0.1 s−1. In order to obtain a uniform temperature distribution, the specimens
were held at the preset temperature for 5 min before the tensile tests. In order to ensure
the accuracy of the test results, each test was repeated three times. After the deformation,
the sample was quenched with water immediately. Fixtures used in the tests to prevent
the excessive deformation occurred at the clamping end of the thin plate samples which
affect the accuracy of the test results during high temperature tensile tests at lower strain
rates are shown in Figure 2b. Interrupted tensile tests at strains of 0.1, 0.3, 0.5, 0.7, and 0.9
were performed under different temperatures and strain rates to reveal the softening and
hardening mechanisms of the TC31 titanium alloy within hot deformation.

Figure 2. (a) Geometry dimensions of the tensile specimens (unit: mm); (b) schematic diagram for the clamping fixture.

The microstructures of the deformed specimens were characterized by Leica DMI3000M
optical microscopy (OM) (Leica Microsystems Co. Ltd., Wetzlar, Germany), Quanta 200FEG
field emission scanning electron microscopy (SEM) (FEI Systems Co. Ltd., Columbia, MD,
USA), and electron backscatter diffraction (EBSD) (FEI Systems Co. Ltd.) respectively. The
samples were taken from the center area (the red dotted box in Figure 2a). The samples
were ground by 240#, 800#, 1200#, and 1500# metallographic sandpaper sequentially,
and then electrically polished with a solution of 60% CH3OH, 34% C4H10O, and 6%
HClO4 for 60 seconds. The samples used for OM and SEM also needed to be etched
and the etching solution was composed of 13% HNO3, 7% HF, and 80% H2O. The EBSD
characterization was performed at a step size of 0.3 μm and the test results were evaluated
with OIM 6.1.4 software.

3. Results and Discussion

3.1. Dynamic Softening and Hardening Behavior

The true stress–true strain curves of the TC31 high-temperature titanium alloy under
different deformation conditions are shown in Figure 3. It can be seen that the flow stress
curves of the TC31 titanium alloy were similar when the deformation temperature was
from 850 ◦C to 900 ◦C and the strain rate was from 0.001 s−1 to 0.1 s−1. At the initial stage
of deformation, the flow stress increased rapidly to a peak stress, and then decreased with
the increasing strain. The deformation can be rapidly transferred and diffused when the
strain was low; therefore, no localized necking occurred [26]. Regarding the curve of 850 ◦C
in Figure 3c, it is well known that the ductility decreases with the increase in the strain

26



Materials 2021, 14, 6515

rate and the decrease in the deformation temperature [16,17]. When the TC31 titanium
alloy was deformed at a lower temperature of 850 ◦C and a higher strain rate of 0.1 s−1, a
fracture occurred before the true strain reached to 0.6; therefore, the curve is different to
the rest of the curves. It should be noted that the other curves were interrupted at a strain
of 0.6. When the deformation temperature increased from 850 ◦C to 900 ◦C, the flow stress
decreased significantly with a maximum reduction of 54.5%.

Figure 3. The flow behavior of the TC31 titanium alloy at different strain rates: (a) 0.001 s−1; (b) 0.01 s−1; (c) 0.1 s−1.

The flow stress was almost steady with the increasing strain when the deformation
temperature was from 950 ◦C to 1000 ◦C and the strain rate was from 0.001 s−1 to 0.01 s−1,
indicating that the plastic deformation was relatively uniform under such conditions [27].
Therefore, it is suggested that the hot forming temperature of this alloy should be above
900 ◦C. When the deformation temperature was close to the β transition temperature
which is 1025 ◦C for the TC31 titanium alloy, more α phase with a hexagonal close-packed
structure would transform into the β phase with a body-centered cubic structure under
lower strain rates condition [28]. The β phase has more slip systems and a higher stacking
fault energy than the α phase, which contributes to a more uniform deformation.

The flow stress curves of the TC31 titanium alloy showed a discontinuous yielding
phenomenon [29,30]. When the strain rate was 0.1 s−1, the flow stress reached a high
peak value firstly at a lower strain condition, then the flow stress decreased rapidly. How-
ever, the flow stress decreased slowly with the increase in the strain after the lower yield
point, showing the characteristics of continuous softening. The discontinuous yielding
phenomenon became more and more obvious with the increase in the deformation temper-
ature and strain rate [30,31], as shown in Figure 3c. One possible explanation for the stress
drop was the stress-induced phase transformation (α→β) behavior which was observed
during the hot deformation of the TC11 titanium alloy with α+β phase [30].

The peak stress of the TC31 titanium alloy increased with the increase in the strain
rate and the decrease in the deformation temperature. When the strain rate was 0.1 s−1,
the peak stress decreased sharply with the increase in the temperature. However, when the
strain rate was 0.001 s−1, the values of the peak stress at 950 ◦C and 1000 ◦C were 23.2 MPa
and 16.9 MPa, respectively. It can be inferred that the peak stress tended to be stable when
the deformation temperature was higher than 950 ◦C at the strain rate of 0.001 s−1, as
shown in Figure 4.

To further analyze the evolution of the flow stress during the hot deformation of
the TC31 titanium alloy, the values of work hardening rates at a constant deformation
temperature and strain rate were calculated from the true stress–true strain curves by the
following formula [32]:

θ =
∂σ

∂ε
(1)

where σ is the true stress and ε is the true strain. The variations between work hardening
rate and hot deformation conditions are shown in Figure 5. The work hardening rate
decreased rapidly with the increase in the strain at a lower strain condition (<0.05) as
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shown in Figure 5a,c, which can be attributed to the dynamic recovery of the TC31 titanium
alloy [16,33]. Afterward, the variations in the work hardening rate were slight with the
increase in the strain, as shown in Figure 5b,d. It can be seen from Figure 5a,b that the strain
rate had a significant effect on the work hardening rate at 950 ◦C. The value of the work
hardening rate was positive when the strain rate was 0.001 s−1 as shown in Figure 5b and
the material was dynamically hardened. However, the work hardening rate changed from
positive to negative when the strain rate increased from 0.001 s−1 to 0.1 s−1, demonstrating
that the dynamic softening of the flow stress occurred during the deformation with higher
strain rates. The dynamic softening phenomenon was more obvious when the strain
rate was higher [17,27]. Particularly, the work hardening rate decreased firstly and then
increased with the strain ranging from 0.03 to 0.06 and a strain rate of 0.1 s−1, which was
attributed to the discontinuous yielding phenomenon [30,31]. The work hardening rate
increased with the decrease in the deformation temperature at lower strain conditions as
shown in Figure 5c, because much less recovery occurred at 850 ◦C than 1000 ◦C. However,
with the increasing strain, the work hardening rate decreased with the decrease in the
deformation temperature as shown in Figure 5d, which may be because of the grain growth
with the increase in the deformation temperature [16,27].

Figure 4. Peak stress at different temperatures and strain rates.

In order to quantitatively analyze the degree of dynamic softening during high tem-
perature deformation, the flow softening coefficient (Ms−0.5) was introduced and can be
calculated from the following formulas [34,35]:

Ms−0.5 = Δσ/σp (2)

Δσ = σp − σ0.5 (3)

where σp is the peak stress and σ0.5 is the flow stress at the strain of 0.5. The hot deformation
conditions had a significant effect on the flow softening coefficient of the TC31 titanium
alloy as shown in Figure 6. The dynamic softening occurred in the region of higher strain
rates (0.01 s−1 to 0.1 s−1) and the flow softening became more severe with the decrease in
the deformation temperature. The values of the flow softening coefficients decreased with
the decreasing strain rate and the increasing deformation temperature. Specifically, the
values of the flow softening coefficients changed into negative values when the deformation
temperature was 950 ◦C~1000 ◦C and the strain rate was 0.001 s−1, which indicated the
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occurrence of dynamic hardening, but the minimum value was only −0.026 and the degree
of dynamic hardening was relatively slight.

Figure 5. Work hardening rate at different deformation conditions: (a,b) 950 ◦C; (c,d) 0.01 s−1; ((a,c) are lower strain
conditions; (b,d) are relatively higher strain conditions).

Figure 6. Flow softening coefficients at different temperatures and strain rates.

Compared with aluminum alloys, the thermal conductivity of titanium alloys is
considerably lower and the rise in temperature caused by deformation heat cannot be

29



Materials 2021, 14, 6515

neglected. It is very challenging to accurately measure the value of the rise in temperature
during the process of high temperature tensile deformation. Therefore, the prediction for
the rise in temperature during the hot tensile deformation is very important and helpful to
understand the flow behavior of titanium alloys. The amount of the temperature increment
(ΔT) can be estimated from the following formulas [36–38]:

ΔT =
p
C

∫ ε

0
σdε (4)

p = 1 +
.
ε

3
(5)

where C is the heat capacity coefficient and the value of the TC31 titanium alloy is about
4 N·mm−2·◦C−1, σ is the true stress, ε is the true strain, and p is the thermal transfer
coefficient and is related to the strain rate. It can be concluded that the ΔT at 850 ◦C and
900 ◦C was much greater than that at 950 ◦C and 1000 ◦C because the flow stress decreased
rapidly with the increase in the deformation temperature, particularly under the higher
strain rate conditions. Therefore, the deformation heat will intensify the dynamic softening
of the titanium alloy under the lower temperature conditions [35,38].

3.2. Micro Mechanisms of Dynamic Softening and Hardening

Micro variables such as grain size, dislocation density, grain boundary, recrystalliza-
tion, phase volume fraction, phase morphology, and voids in the titanium alloy are closely
related to the high temperature deformation conditions which include the deformation
temperature, strain rate, and strain [16,32,38,39]. The evolution of those micro variables
will determine the dynamic softening and hardening of the flow stress curves. To fully
reveal the micro mechanisms of dynamic softening and hardening during the deformation,
careful microstructure characterization and analysis are necessary.

3.2.1. The Effect of Deformation Temperature

The deformation temperature had a significant effect on the flow stress of the TC31
titanium alloy during high temperature deformation. The TC31 titanium alloy showed
an obvious softening phenomenon when it was deformed at 850 ◦C, but the softening
phenomenon gradually weakened with the increase in the deformation temperature. When
the deformation temperature was from 950 ◦C to 1000 ◦C and the strain rate was 0.001 s−1,
slight dynamic hardening occurred during the deformation process. Figure 7 shows the
evolution of the microstructure with increasing strain at 850 ◦C and 950 ◦C at a strain rate
of 0.01 s−1. It is well known that the β phase with a body-centered cubic structure has
more slip systems than the α phase with a hexagonal close-packed structure; therefore,
the deformation of the β phase is easier than the α phase and the β phase can withstand
greater plastic deformation [20,40]. In the process of plastic deformation, the amount of
the deformation for the α phase and the β phase is different, and the stress concentration
will occur at the interface between the α phase and the β phase [1,18,28]. When the
deformation temperature was 850 ◦C, the volume fraction and morphology of the β phase
had fewer differences compared with the initial microstructure and the relatively large
stress concentration that occurred at the phase boundaries with the increase in the strain.
The volume fraction of the voids was about 11.2% when the true strain was 0.7. The
appearance and growth of voids led to the rapid reduction in the flow stress and the
softening of the TC31 titanium alloy, which was more obvious under lower temperature
conditions [26].
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Figure 7. Microstructure at different temperatures and strains when deformed at 0.01 s−1: (a–d) 850 ◦C; (e–h) 950 ◦C;
(a,e) strain 0.1; (b,f) strain 0.3; (c,g) strain 0.5; (d,h) strain 0.7.

When the deformation temperature increased from 850 ◦C to 950 ◦C, the volume
fraction of the β phase increased from 20% to 41% at the strain of 0.7 and the size of the β

phase also had a significant coarsening. It is well known that the sliding resistance of the
α/β phase interface is lower than that of the α/α interface and the β/β interface [40,41].
Therefore, the increase in the proportion of the α/β phase interface which is attributed
to the rise of the volume fraction of β phase is beneficial to grain boundary sliding, and
the deformation consistency is also improved simultaneously [22,24,41]. At the same time,
the recovery and recrystallization at 950 ◦C was more efficient than those at 850 ◦C, which
led to a lower dislocation density near the phase and grain boundaries [18,39,40]. Hence,
the volume fraction of the voids was less than 1% when the deformation temperature was
950 ◦C and the strain was 0.7, and the flow stress was almost steady during the deformation,
as shown in Figure 3b.

3.2.2. The Effect of the Strain Rate

When the TC31 titanium alloy was deformed at 950 ◦C, dynamic hardening occurred
at a strain rate of 0.001 s−1 and dynamic softening occurred at the strain rates from 0.01 s−1

to 0.1 s−1. The dynamic softening was more obvious with the higher strain rate, indicating
that the strain rate had a significant effect on the evolution of the microstructure.

Figure 8 shows the distribution of the grain boundary at different strain rates, where
the blue, green, and red lines represent high-angle grain boundaries (HAGBs), medium-
angle grain boundaries (MAGBs), and low-angle grain boundaries (LAGBs), respectively.
When it was deformed at the strain rate of 0.001 s−1, the fraction of LAGBs decreased
rapidly and the average grain size increased significantly, as shown in Figure 8a,d. Com-
pared with the initial grain size of 2.80 μm, the grain sizes at the strain of 0.5 and 0.7
increased to 3.08 μm and 3.66 μm, respectively. When it was deformed with the strain rate
of 0.1 s−1, the fraction of LAGBs decreased from 61.8% to 49.3% at the strain of 0.5 and the
grains were also refined compared with the initial microstructure, as shown in Figure 8c.
The average grain sizes at the strain of 0.5 and 0.7 were 2.19 μm and 1.87 μm, respectively.
When the strain rate was 0.01 s−1, the refinement was slight and the average grain sizes
were 2.52 μm and 2.39 μm at the strain of 0.5 and 0.7, respectively.
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Figure 8. The distributions of the grain boundary at different strain and strain rates when deformed at
950 ◦C: (a–c) strain 0.5; (d–f) strain 0.7; (a,d) strain rate 0.001 s−1; (b,e) strain rate 0.01 s−1; (c,f) strain
rate 0.1 s−1 (red lines represent LAGBs less than 5◦, green lines represent MAGBs between 5◦~15◦,
blue lines represent HAGBs more than 15◦).

It can be summarized that during the deformation at 950 ◦C, the average grain size
decreased with the increase in the strain rate at the strain of 0.5 or 0.7. At the lower strain
rate of 0.001 s−1, the grains appeared almost equiaxed with a few sub-grains and the
sub-grains reduced rapidly compared with the initial microstructure [20]. The obvious
reduction of the sub-grains could be attributed to DRX [42]. With the progress of DRX,
the migration of HAGBs could consume the dislocation and reduce the sub-grains [36,39].
Fully DRX was completed before the strain reached 0.5 under 0.001 s−1 condition and
then grain growth occurred with the increase in the strain. It should be noted that the
recrystallized grains grew up significantly under the strain rate of 0.001 s−1; therefore,
the softening effect caused by DRX decreased with the decreasing strain rate and the
flow stress exhibited dynamic hardening. Similar dynamic hardening was also reported
during the superplastic deformation of the TC4 titanium alloy [24,34]. It can be seen from
Figure 8a–f that the amount of the recrystallized grains without LAGBs inside increased
and the average grain size decreased with the increasing strain rate. At a higher strain
rate of 0.1 s−1, the deformation inhomogeneity became more obvious. The deformation
energy was higher around the grain boundaries than that at other sites [11,28]; therefore,
most of the recrystallized grains nucleated near the grain boundaries. The deformation
time of the sample deformed at a strain rate of 0.1 s−1 was too short for the growth of new
recrystallized grains [24]. Therefore, the flow stress exhibited dynamic softening under the
higher strain rate conditions.

The high-density dislocations around the grain boundaries could provide favorable
sites for the nucleation of recrystallization [19,28]. In order to further analyze the effect
of the strain rates on the deformation mechanism of the TC31 titanium alloy, the Kernel
Average Misorientation (KAM) maps under different deformation conditions are shown
in Figure 9. When the strain rate was 0.001 s−1, the LAGBs had enough time to evolve
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into HAGBs leading to the decrease in the dislocation density. The mean value of KAM
decreased rapidly from 1.069 at the initial stage to 0.735 at the strain of 0.5. When the strain
was further increased to 0.7, the mean value of KAM was 0.716 and the reduction was
not significant. It can be seen from Figure 9a,e that the dislocation density was at a lower
level with a strain rate of 0.001 s−1 and the strain of 0.5 and 0.7, which would hinder the
nucleation of dynamic recrystallization [24]. Therefore, the main deformation mechanism
may have been grain boundary sliding and the grain size increased gradually [20,24]. The
mean value of KAM decreased slightly with the increase in the strain when the strain
rate was 0.01 s−1. The mean values of KAM were 0.917 and 0.824 at the strain of 0.5 and
0.7, respectively. When the strain rate was 0.1 s−1, only a few seconds were needed for
the strain to reach to 0.5, and the mean values of KAM at the strain of 0.5 and 0.7 were
0.975 and 0.958, respectively. It can be seen from Figure 9c,d,g that the dislocation density
remained almost steady with the increasing strain under the higher strain rate condition
of 0.1 s−1; therefore, the nucleation sites for dynamic recrystallization were abundant [28]
and the dynamic softening of the TC31 titanium alloy was obvious.

Figure 9. The distributions of KAM at different strains and strain rates when deformed at 950 ◦C:
(a–c) strain 0.5; (d) initial; (e–g) strain 0.7; (a,e) strain rate 0.001 s−1; (b,f) strain rate 0.01 s−1;
(c,g) strain rate 0.1 s−1.

3.2.3. The Effect of Strain

The flow softening coefficient was only 0.12 when the deformation temperature was
950 ◦C and the strain rate was 0.01 s−1, indicating that the dynamic softening phenomenon
caused by recrystallization was very slight [8]. Figure 10 shows the evolution of recrys-
tallization at different strains, where the blue area is the recrystallized grain. It can be
seen from Figure 10a that the volume fraction of recrystallization of the as-received sheet
was about 8.1%, indicating that the as-received sheet had not been annealed sufficiently.
The volume fraction of recrystallization increased to 9.5% after the sample was soaked
at 950 ◦C for 5 min as shown in Figure 10b. It can be concluded that the effect of static
recrystallization was limited because of the short holding time [1]. The volume fractions of
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recrystallization were 12.3%, 22.8%, and 41.7% at the strain of 0.1, 0.5, and 0.9, respectively.
The results show that the degree of recrystallization increased rapidly with the increase in
strain when the strain rate is 0.01 s−1. Because the strain rate was relatively higher, and
the time during the deformation process at 950 ◦C was relatively shorter, the grain sizes
decreased from 2.80 μm at the initial stage to 2.13 μm at the strain of 0.9 gradually. The
relationships between the recrystallization fraction, the grain size, and the true strain are
shown in Figure 11.

Figure 10. The distributions of recrystallization at different strains when deformed at 950 ◦C and
0.01 s−1: (a) Initial; (b) 0; (c) 0.1; (d) 0.5; (e) 0.9 (blue represents the recrystallized grains, red represents
the deformed grains).

Figure 11. The relationships between the recrystallization fraction, the average grain size, and the
true strain when deformed at 950 ◦C and 0.01 s−1.

Figure 12 shows the distribution of the grain boundaries and the subgrain boundaries
at different strains when the deformation temperature was 950 ◦C and the strain rate was
0.01 s−1. A high density of subgrain boundaries including LAGBs and MAGBs with a
total proportion of 75.6% was observed at the initial stage as shown in Figure 12a and the
proportion decreased sharply to 44.9% at the strain of 0.9 as shown in Figure 12f. When the
strain was lower, the distribution of the subgrain boundaries was not uniform and the sub-
grain boundaries migrated from the inside of the grain to the grain boundaries [20]. During
the hot deformation process, the proportion of the subgrain boundaries decreased and the
proportion of HAGBs increased gradually accompanied with some new fine grains formed
around the grain boundaries [20,35]. The amount of new fine grains increased significantly
when the strains were 0.7 and 0.9, indicating that the recrystallization was active.
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Figure 12. The distributions of the grain boundary at different strains when deformed at 950 ◦C and 0.01 s−1: (a) Initial;
(b) 0.1; (c) 0.3; (d) 0.5; (e) 0.7; (f) 0.9 (red lines represent LAGBs less than 5◦, green lines represent MAGBs between 5◦~15◦,
blue lines represent HAGBs more than 15◦).

Figure 13 shows the distribution of misorientation at different strains. It can be seen
from Figure 13a–c that the proportion of HAGBs was relatively lower and the distribution
was uniform, but the proportion of LAGBs was very high [20,28]. The average misorienta-
tion increased approximately linearly with the increase in the strain, which was 14.87◦ and
29.45◦ at the strain of 0.1 and 0.9, respectively. The increase in the average misorientation
was related to the dynamic recrystallization during hot deformation [39].

Figure 13. The distributions of the misorientation angle at different strains when deformed at 950 ◦C
and 0.01 s−1: (a) 0.1; (b) 0.5; (c) 0.9; (d) the evolution of the average misorientation angle with strain.
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The variations in the fractions of LAGBs, MAGBs, and HAGBs during the hot tensile
tests are summarized in Figure 14. The proportion of HAGBs increased slowly when the
strain was less than 0.3 and increased rapidly when the strain was greater than 0.3. The
proportion of LAGBs decreased gradually. However, the variation of MAGBs was not
monotonous. The proportion of MAGBs increased gradually when the strain was less than
0.5 and decreased gradually when the strain was greater than 0.5. Dynamic recrystallization
mechanisms include continuous dynamic recrystallization (CDRX) characterized by the
rotation of the subgrain boundary and discontinuous dynamic recrystallization (DDRX)
characterized by the nucleation and growth of grains with small sizes [40,43,44]. The
MAGBs is the transitional stage of evolution from LAGBs to HAGBs; therefore, the variation
of MAGBs is closely related to the types of recrystallization [20,39]. During the process of
CDRX, the proportion of MAGBs increases with the increase in strain, but the proportion
of MAGBs decreases with the increase in strain when DDRX occurred [39]. During the
hot deformation of the Ti55 high-temperature titanium alloy, DDRX became the main
mechanism of dynamic softening with the increase in the strain [20]. For the TC31 titanium
alloy deformed at 950 ◦C and 0.01 s−1, the CDRX was the dominant factor of dynamic
softening when the strain was less than 0.5. With the increase in the strain, the effect
of DDRX enhanced gradually and the DDRX became the dominant factor of dynamic
softening when the strain was greater than 0.5.

Figure 14. The evolution of the misorientation angle at different strains when deformed at 950 ◦C
and 0.01 s−1.

Figure 15 shows the IPF at different strains. When the strain was 0.3, it can be seen
from Figure 15a that a few recrystallized grains with the grain size of about 1 μm appeared
at the boundary of coarse grains, and their orientations were close to that of the adjacent
coarse grains, as shown in Figure 15c. There were a large number of subgrain boundaries
formed by the accumulation of dislocations inside the coarse grains. It was indicated
that the CDRX occurred [21,39]. It can be seen from Figure 15b that the amount of the
recrystallized grains increased significantly with the increase in the strain to 0.7, and the
recrystallized grains were distributed in clusters. Their orientations were significantly
different from that of the adjacent un-recrystallized coarse grains as shown in Figure 15d,
which is considered to be a typical feature of DDRX [21,39]. The amount of the subgrain
boundaries within the un-recrystallized grains reduced greatly and the grain boundaries
of the un-recrystallized grains were serrated, demonstrating that the mechanism was
DDRX [20,21].
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Figure 15. The IPF at different strains when deformed at 950 ◦C and 0.01 s−1: (a,c) 0.3; (b,d) 0.7.

It is well known that the hot deformation parameters have a significant influence on the
hot deformation behavior and the evolution of the microstructure [16,17,20]. Qiu et al. [27]
pointed out that the flow softening of the SP700 titanium alloy was mainly attributed to
DRX during the hot deformation with relatively low temperatures and relatively high strain
rates, but the steady-state flow characteristics appeared with the increasing temperature
and the decreasing strain rate. During the superplastic deformation of the TC4 titanium
alloy, the flow stress increased with the increase in strain during the deformation with
a strain rate of 0.0001 s−1 and a temperature ranging from 850 ◦C to 950 ◦C [24]. The
dynamic hardening rate increased with the increasing deformation temperature due to the
more obvious grain growth during the deformation [24]. The deformation behavior and
microstructure evolution of the TC31 titanium alloy were similar with the aforementioned
SP700 and the TC4 titanium alloy. In the future forming of the TC31 titanium alloy
component, one should carefully choose the parameters such as temperature and strain
rate to control the forming process and post-form properties according to the relationships
between the parameters, the microstructure, and the flow stress. Based on the above
analysis, the dynamic softening and hardening behaviors of the TC31 titanium alloy are
summarized in Figure 16. In the upper left zone A, with a relatively lower temperature
and a higher strain rate, the void damage and the deformation heat generation were the
important reasons that caused the dynamic softening of the flow stress with the increase
in the strain [37]. The softening effect of DRV and DRX increased with the increasing
temperature and decreasing strain rate [18,23,27]. When the deformation temperature
was higher than 950 ◦C and the strain rate was lower than 0.001 s−1, such as in zone C
in Figure 16, the dynamic hardening characteristics of the flow stress curves were mainly
attributed to the grain growth [11,24]. In zone B, the effect of work hardening caused by
dislocation accumulation and grain growth was approximately equal to that of the flow
softening caused by DRV, DRX, or void damage [8,28]. In zone B, the recrystallization
mechanism was mainly CDRX at the initial deformation stage, and transformed into DDRX
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with the increase in strain. Based on the above analysis, it is suggested that TC31 titanium
alloy components are formed within zone B to obtain a relatively uniform deformation and
good post-form properties.

Figure 16. The hot deformation behaviors and the microstructure evolution mechanisms of the TC31
titanium alloy.

4. Conclusions

The dynamic softening and hardening behavior and microstructure evolution of the
TC31 titanium alloy during high temperature tensile deformation have been systematically
investigated in this paper. Based on the analysis of the experimental results, the main
conclusions are summarized as follows:

1. The TC31 titanium alloy exhibited obvious softening behavior during hot tensile
deformation at a temperature of 850 ◦C and a strain rate of 0.001 s−1~0.1 s−1; with
an increase in the deformation temperature to 950 ◦C~1000 ◦C and an increase in the
strain rate to 0.1 s−1, discontinuous yielding occurred; quasi-steady flow appeared at
a temperature of 950 ◦C~1000 ◦C and a strain rate of 0.01 s−1; with a decease in the
strain rate to 0.001 s−1, slight dynamic hardening phenomenon occurred. Therefore, a
careful selection of the forming temperature and the strain rate of the TC31 titanium
alloy sheet is very important to control the dynamic softening or dynamic hardening
during high temperature deformation.

2. When the deformation temperature increased from 850 ◦C to 950 ◦C, the volume
fraction of the β phase increased from 20% to 41% after it deformed to a strain of 0.7
with a strain rate of 0.01 s−1, whereas the volume fraction of voids was significantly
reduced from 11.2% to less than 1%. The increased fraction of the β phase at higher
temperatures improved the deformation compatibility and reduced the void damage.
Therefore, a relatively high deformation temperature is recommended for the forming
of complex TC31 titanium alloy components to avoid the void damage.

3. When the TC31 titanium alloy was deformed at 950 ◦C, the grains grew up at the
strain rate of 0.001 s−1 and were refined at the strain rate from 0.01 s−1 to 0.1 s−1,
and the refinement was more significant under the higher strain rate conditions. The
appropriate strain rate should be about 0.01 s−1 during the forming of the TC31
titanium alloy sheet considering both the grain coarsening and uniform deformation.

4. When the samples were deformed at a temperature of 950 ◦C and a strain rate of
0.01 s−1, the proportion of MAGBs firstly increased when the strain was less than
0.5 and then decreased gradually when the strain was greater than 0.5. The main
recrystallization mechanism transformed from CDRX to DDRX and the grain sizes
decreased gradually with the increase in the strain.
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Abstract: This paper presents a systematic study of heating effects on the hot deformation and
microstructure of dual-phase titanium alloy Ti-6Al-4V (TC4) under hot forming conditions. Firstly, hot
flow behaviors of TC4 were characterized by conducting tensile tests at different heating temperatures
ranging from 850 ◦C to 950 ◦C and heating rates ranging from 1 to 100 ◦C/s. Microstructure analysis,
including phase and grain size, was carried out under the different heating conditions using SEM
and EBSD. The results showed that when the heating temperature was lower than 900 ◦C, a lower
heating rate could promote a larger degree of phase transformation from α to β, thus reducing
the flow stress and improving the ductility. When the temperature reached 950 ◦C, a large heating
rate effectively inhibited the grain growth and enhanced the formability. Subsequently, according
to the mechanism of phase transformation during heating, a phenomenological phase model was
established to predict the evolution of the phase volume fraction at different heating parameters
with an error of 5.17%. Finally, a specific resistance heating device incorporated with an air-cooling
set-up was designed and manufactured to deform TC4 at different heating parameters to determine
its post-form strength. Particularly, the yield strength at the temperature range from 800 ◦C to
900 ◦C and the heating rate range from 30 to 100 ◦C/s were obtained. The results showed that
the yield strength generally increased with the increase of heating temperature and the decrease of
heating rate, which was believed to be dominated by the phase transformation.

Keywords: dual-phase titanium alloy; heating rate; microstructure; phase model; hot forming

1. Introduction

Dual-phase titanium alloys have been widely used in the aerospace industry for
manufacturing complex-shaped thin-walled components [1,2] due to their high strength-to-
weight ratio, excellent corrosion resistance and high heat resistance [3]. Titanium alloys
have strong deformation resistance and severe spring-back drawback that forms at room
temperature, which may damage forming tools and reduce the accuracy of formed com-
ponents [4]. In order to overcome the low formability at room temperature, superplastic
forming (SPF) [5], hot stamping [6] and hot metal gas forming (HMGF) [7] were developed
for forming complex-shaped thin-walled parts in recent years, featuring low deformation
resistance and high forming precision [8,9]. Heating to elevated temperatures is the first
and key step in hot forming processes. The microstructure, such as phase and grain size,
varies with the forming temperature [10,11], which determines the subsequent hot flow
behavior and post-form mechanical properties [12]. To facilitate the design of reasonable
heating variables, particularly heating rate and temperature, a thorough understanding of
the correlation between micro and macro-properties, i.e., microstructure evolution and hot
flow, at various heating parameters is of vital importance to the hot forming of TC4 sheets.

The relationship between the mechanical properties, phase transformation and grain
size evolution of titanium alloys at different heating temperatures has been studied [13,14].
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Compared to the extensive research on the forming temperature, studies on the heating
rate effect on the hot forming of titanium alloy sheets are limited to date. Xiao et al. [15]
conducted uniaxial tensile tests on TC4 sheets in the temperature range of 923–1023 K.
The real stress-strain curves showed that the flow stress decreased with the increase of
temperature and the decrease of strain rate, but the effect of heating rate on the mechanical
properties before and after forming was not considered. Wang et al. [16] studied both β

phase transformation during rapid heating and martensitic phase transformation during
cooling through high-speed machining of TC4. A stress-temperature-induced phase trans-
formation model based on Avrami and Clausius-Clapeyron equations was proposed to
predict the phase transformation from α to β during the rapid heating process. However,
the mechanism of phase transformation at specific heating rates was not discussed in this
study. Elmer et al. [17] conducted in-situ X-ray diffraction experiments to observe the phase
transformation of TC4 alloys during heating using synchrotron radiation. It was observed
that the diffusion of the β stable element V was inhibited as the heating rate increased,
which led to a decrease in the β phase transformation temperature. However, the study
was mainly limited to the phase transformation kinetics without investigating the phase
transformation effect on the high-temperature deformation and the post-form properties.
In addition, Surya et al. [18,19] studied the effects of input factors such as speed, feed and
depth of cut on the material removal rate and the surface roughness of TC4 titanium alloy,
and established a high-precision mathematical prediction model to determine the optimal
parameter combination for cutting performance. This modeling idea is also applicable to
the high-temperature deformation of TC4. It is, therefore, necessary to build a material
model based on temperature and microstructure and to formulate a reasonable forming
process by predicting the phase distribution of materials at high temperatures, in order
to comprehensively understand the subsequent heat flow and strength variations after
forming [20].

To quantify the heating rate, the conventional environmental heating furnace has some
limitations, such as uncontrollable heating rate and low thermal efficiency. In order to
accurately control the temperature change rate during the heating process, various heating
methods were studied. Mori et al. [21] and Maeno et al. [22] applied a resistance heating
method to the hot stamping of high-strength steel and dual-phase titanium alloy parts.
Due to a high heating rate being used, negligible oxidation occurred on the sheet surface,
and the current passed directly through the stamping parts, thus improving the heating
efficiency. Therefore, the resistance heating technology is suitable for adjusting the current
output and controlling the temperature change during the heating process [23]. Wang
et al. [24] used resistance heating to heat the workpiece to 850–950 ◦C at heating rates
of 4 ◦C/s and 100 ◦C/s, respectively, then cooled it to 700 ◦C to simulate the workpiece
heating to the target temperature at different heating rates, and finally transferred it to
the die for the hot stamping process, in order to investigate the effect of the heating rate
on material ductility and post-form strength. However, the results of this study were
not applicable to isothermal forming processes at specific temperatures without transfer
processes, and little research has been performed in this field.

In this study, the heating effect on the microstructure evolution and hot flow of TC4
was systematically studied using the resistance heating method. The hot flow and phase
evolution at different heating parameters were characterized by using a Gleeble thermal-
mechanical simulator (Gleeble, New York, NY, USA), and the post-form strength was
compared using the specimens that were heat treated using a self-developed resistance
heating device. Additionally, a phenomenological phase transformation model was es-
tablished based on the phase transformation kinetics during the heating process. The
performed research is able to provide important guidance for the design of heating pa-
rameters, i.e., heating rate and temperature, for the various hot forming processes of TC4
sheets.
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2. Experimentation

2.1. Material

Dual-phase titanium alloy TC4 sheets with a thickness of 1.5 mm were used in this
study. The chemical composition is shown in Table 1, and the microstructure is shown in
Figure 1, in which the white region represents the β phase and the dark region represents
the α phase. The initial microstructure consisted of an equiaxed α phase with a volume
fraction of 87% and a fine β phase with a volume fraction of 13%. The initial heat treatment
temper and annealing condition had a yield strength and ultimate tensile strength of
1056 MPa and 1071 MPa, respectively. In addition, the elongation of TC4 was 18.5%.

Table 1. Chemical composition of the as-received TC4 in weight percentage.

Ele. Al V Fe C N H O Ti

wt% 6.1 4.2 0.15 <0.01 <0.01 0.007 0.13 Bal.

Figure 1. Microstructure of the as-received TC4 titanium alloy.

2.2. Resistance Heating Tests
2.2.1. Gleeble Hot Tensile Tests and Microstructure Characterization

In order to examine the effect of the heating process on the hot flow behaviors and
microstructure evolution of TC4, Gleeble hot tensile tests were performed at various heating
temperatures and heating rates using a Gleeble 3800 thermal-mechanical simulator, which
enabled the maximum heating rate to reach 10,000 ◦C/s and allowed for precise control of
temperature within ±1 ◦C.

Figure 2a shows the experimental flow chart of the high-temperature thermodynamic
testing. Regarding the Gleeble hot tensile tests, conditions of different heating rates,
temperatures and strain rates were performed as follows. The heating rates of 1 ◦C/s and
10 ◦C/s were selected, enabling the rate magnitudes of practical processes to be covered.
Three temperatures of 850 ◦C, 900 ◦C and 950 ◦C were used at each heating rate. Once
the specimen reached the target temperature, hot tensile tests at a strain rate of 0.1/s were
conducted. The high-temperature tensile properties of TC4 at different heating rates and
heating temperatures were then measured. The temperature was continuously monitored
by the thermocouple welded at the center of the specimen to precisely feedback-control
the heating rates and heating temperatures during testing. In the experimental group of
heat treatments used to characterize the microstructure of TC4 during heating, the same
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heating history as that of the tensile tests at high temperatures was used. The specimen
was immediately water-quenched after a soaking time of 1 s to maintain the microstructure.
Microstructure observations, i.e., SEM and EBSD, were used to characterize the phase
transformation and grain evolution of the specimens, and the quantitative microstructure
results with statistical significance were subsequently obtained.

Figure 2. (a) Temperature profiles of the Gleeble hot tensile and heat treatment tests; (b) Geometries
of Gleeble hot tensile tests and microstructure specimens.

Figure 2b shows the specimen size and shape for the tensile and heat treatment tests.
The dog-bone-shaped specimen was used with a length of 60 mm, a width of 12 mm and
a thickness of 1.5 mm, which was machined from the as-received sheet using Electrical
Discharge Machining along the rolling direction. The length of the parallel zone of the
specimen could guarantee a homogeneous temperature zone of 10 mm in length in the
middle. Therefore, secondary sampling for EBSD and SEM was carried out in the center of
the sample to ensure the uniformity of its temperature history.

2.2.2. Post-Form Strength Characterization

In order to investigate the rapid heating of TC4 sheets as well as the in-line cool-
ing to characterize the post-form strength at different heating parameters, a resistance
heating experimental device for titanium alloy sheets was designed and manufactured as
schematically shown in Figure 3.
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Figure 3. Schematic diagram of the resistance heat treatment device.

The current in the device was output by the high-frequency switching power supply,
flowing directly from the copper ribbon to the copper electrode and passing through the
TC4 sheet. Al2O3 ceramics were bolted between the copper electrode and the upper/lower
plates to facilitate the insulation, ensuring that the current flew to the TC4 sheet completely
through the copper electrode.

A plurality of gas channels was positioned inside the upper and lower plates, and
connected with an adjustable gas source to provide pressure up to 0.8 MPa. Meanwhile,
the outlet of each gas channel was connected with gas nozzles that were evenly distributed
on both sides of the TC4 sheet, thus achieving uniform cooling of the sheet. The flowmeter
was used to monitor the gas flow in real-time so as to control the cooling rate of the TC4
sheet. The k-type thermocouple was welded on the surface of the sheet, and the other
end was inserted into the temperature recorder to facilitate the real-time monitoring and
recording of the temperature.

Therefore, the device was able to perform the static treatment experiments at different
heating rates, heating temperatures and cooling conditions to simulate the industrial
forming process of titanium alloys.

Figure 4 illustrates the temperature histories of the resistance heating experiments.
Three heating rates of 30 ◦C/s, 60 ◦C/s and 100 ◦C/s were selected. At each heating
rate, three temperatures of 800 ◦C, 850 ◦C and 900 ◦C were used. Once the sheet reached
the target temperature, the sheet immediately cooled to room temperature at a cooling
rate of 200 ◦C/s using the gas flow, thus restoring the microstructure after heating. The
temperature was continuously monitored by the thermocouple welded at the center of
the sheet to precisely monitor the heating rates, cooling rates and heating temperatures.
Sub-sized dog-bone-shaped specimens were designed and machined (shown in Figure 4)
from the sheets to measure the strength and investigate the effect of temperature on the
mechanical properties of TC4.
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Figure 4. (a) Temperature histories of resistance heating experiments; (b) Geometry of the Gleeble
tensile test specimens.

3. Results and Discussion

3.1. Flow Behaviors of TC4 at Different Forming Temperatures and Heating Rates

The effects of forming temperature and heating rate on the flow behavior of TC4 were
investigated based on the Gleeble tensile tests and microstructure results. The true stress-
strain curves shown in Figure 5 indicated that the maximum flow stress and elongation
of TC4 decreased with the increase of the forming temperature. Specifically, when the
heating rate was 1 ◦C/s, the maximum flow stress was 230 MPa, 149 MPa and 96 MPa
at the forming temperatures of 850 ◦C, 900 ◦C and 950 ◦C, respectively, suggesting a 58%
reduction with an increase in temperature from 850 ◦C to 950 ◦C, as shown in Figure 6a.
Similarly, the maximum flow stress of TC4 decreased by 53% from 242 MPa to 114 MPa with
the increase in forming temperature from 850 ◦C to 950 ◦C at a heating rate of 10 ◦C/s. In
addition, the maximum flow stress at the heating rate of 10 ◦C/s was higher than that at the
heating rate of 1 ◦C/s. Notably, when the heating temperature was 950 ◦C, the maximum
flow stress increased by 19% from 96 MPa to 114 MPa with the increase in heating rate
from 1 ◦C/s to 10 ◦C/s.

Figure 5. Cont.
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Figure 5. Effect of heating rate on the hot stress strain behaviors of TC4 at heating temperatures of
(a) 850 ◦C; (b) 900 ◦C; (c) 950 ◦C.

Figure 6. Effects of forming temperature and heating rate on (a) the maximum flow stress and
(b) elongation.

It was found that the elongation of TC4 decreased with an increase in forming temper-
ature as well, as shown in Figure 6b. Specifically, the elongation decreased from 58% at a
forming temperature of 850 ◦C to 43% at a forming temperature of 950 ◦C when a heating
rate of 1 ◦C/s was applied. However, the effect of forming temperature on the elongation
was negligible when the heating rate increased to 10 ◦C/s. When the heating temperature
was 950 ◦C, the elongation was increased by 14% at a heating rate of 10 ◦C/s, compared
with that at a heating rate of 1 ◦C/s.

3.2. Effects of Forming Temperature and Heating Rate on the Phase Transformation

The microstructural phase distributions of TC4 were obtained while investigating the
effects of different forming temperatures and heating rates on the maximum flow stress
and elongation of TC4, as shown in Figures 7 and 8, in which the white region represents
the β phase and the dark region represents the α phase. The β phase is a high-temperature
stable phase, which gradually changes from the α phase during the heating process and
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mainly depends on the temperature and heating rate of the process. It could be seen that
the volume fraction of the β phase increased with the increase in heating temperature when
the heating rate was constant and decreased with the increase in heating rate when the
heating temperature was constant. Moreover, the β phase microstructure was found to be
finer at a lower heating temperature and a higher heating rate.

Figure 7. SEM observations of the α and β phases at different forming temperatures and a constant
heating rate of 1 ◦C/s.

Figure 8. SEM observation of the α and β phases at different heating rates and a constant forming
temperature of 900 ◦C.

In order to investigate the effect of the β phase volume fraction on the mechanical
properties clearly, a statistical analysis of the β phase volume fraction was conducted, as
shown in Figure 9a, which was found to be 34%, 47% and 72% at the forming temperatures
of 850 ◦C, 900 ◦C and 950 ◦C, respectively, when a heating rate of 1 ◦C/s was applied. It
had been reported [25] that the α phase with a hexagonal compact packing structure was
approximately three times stronger than the β phase with a body-centered cubic structure
at an elevated temperature. Meanwhile, the dynamic recrystallization of TC4 increased
with the increase in forming temperature, thus softening the material and reducing its
deformation resistance. As a combined result of the dynamic recrystallization and phase
transformation, the maximum flow stress of TC4 decreased with the increase in forming
temperature.
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Figure 9. Volume fractions of the β phase at different (a) forming temperatures and (b) heating rates.

The volume fraction of the β phase decreased with the increase in heating rate, as
shown in Figure 9b. Specifically, when using a forming temperature of 900 ◦C, it was 47%
at a heating rate of 1 ◦C/s and increased to 34% and 20% with the increasing heating rate of
10 ◦C/s and 100 ◦C/s, respectively. This was due to the fact that the phase transformation
was determined by the diffusion of alloying elements. As the heating rate increased,
the β phase stable element V lacked enough time to diffuse, resulting in an insufficient
transformation of the β phase at this temperature. Consequently, the volume fraction of
the β phase for the high heating rate condition was less than that of the equilibrium phase
transformation process obtained from the isothermal condition [26]. Therefore, a higher
heating rate applied in the hot deformation contributed to a higher maximum flow stress
with less phase transformation.

In theory, the increase in forming temperature enhances the volume fraction of the
phase, thus improving the elongation. However, severe grain coarsening at high tempera-
tures may overshadow the decrease in elongation. At the same time, the increase in heating
rate might lead to a decrease in the volume fraction of the α to β phase transformation,
the combined effect of the two leading to a lower elongation during rapid heating at the
forming temperatures of 850 ◦C and 900 ◦C.

The grain microstructure and size of TC4 were also measured at different heating rates
based on the EBSD observations, as shown in Figure 10. It was found that the average
grain size decreased from 10.16 μm at 10 ◦C/s to 8.76 μm at 100 ◦C/s, indicating that
the rapid heating suppressed grain coarsening. The rate of the phase transformation was
significant at 950 ◦C, and thus a large number of primary α transformed into β, significantly
deteriorating the heating rate effect. In contrast, a slower heating rate caused the material
to remain at an elevated temperature for a longer period, reducing the volume fraction of
the α phase as well as the grain boundary movement hindrance of the β phase. Therefore,
it was concluded that the grain size played a dominant role in the mechanical properties of
TC4. The finer grains caused by rapid heating allowed the deformation to be dispersed in
more grains, thus reducing the dislocation plugging in each grain and effectively improving
the elongation at elevated temperatures.
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Figure 10. EBSD of the grain microstructure and size of TC4 at different heating rates and a constant
forming temperature of 950 ◦C.

3.3. Model of Phase Transformation at Different Heating Temperatures and Rates

For the dual-phase titanium alloys, the β phase with a bcc crystal structure is softer
than the α phase with an hcp crystal structure. Hence, the volume fraction of the β phase
has a large influence on the mechanical properties of the material. In addition, this pa-
rameter was found to be temperature-dependent based on the experimental observations.
Consequently, the Johnson-Mehl-Avrami (JMA) equation describing the phase transfor-
mation from α to β under the isothermal conditions was used in the present research to
model the relationship between the volume fraction of the β phase and the deformation
temperature, as shown in Equation (1) [27]:

fβ = (
T

1270
)

10
(1)

where fβ was the volume fraction of the β phase, and T was the deformation temperature.
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Considering the non-isothermal conditions, especially at a high heating rate, the phase
transformation process is not equilibrated any longer. Therefore, the effect of the heating
rate on the non-equilibrium phase transformation process was defined as Equation (2) [28]:

fT = 1 − exp
{−[K(T − T0)/H]n

}
(2)

where fT was the temperature-dependent transformation volume fraction, n was the expo-
nent of the transformation from α to β, T0 was the activation transformation temperature
at the current heating rate, H was the heating rate, and K was a temperature-dependent
constant, which was modelled by using the Arrhenius equation as below.

K(T) = K0exp(− Q
RT

) (3)

where K0 was a constant and Q was the diffusion activation energy of the phase transfor-
mation from α to β.

The initial temperature of the phase transformation was affected by the heating rate.
As a result, the phase transformation temperature demonstrated hysteretic behavior with
the increase in the heating rate, as shown in Equation (4).

T0 = T1 ∗ [1 + H/(a ∗ Hmax)] (4)

where T1 was the activation temperature of the β phase equilibrium transformation, and
Hmax is the ultimate heating rate of Gleeble and is fixed at 1000 ◦C/s.

Consequently, the phase variation volume fraction of TC4 during continuous heating
could be predicted by Equation (5), enabling the model to predict the volume fraction of
the β phase at different temperatures and heating rates.

fβ = f0 + fT (5)

where, f 0 is the β phase volume fraction of TC4 titanium alloy at room temperature.
The experimental conditions of 850 ◦C–1 ◦C/s, 950 ◦C–1 ◦C/s, 900 ◦C–1 ◦C/s, 900 ◦C–

10 ◦C/s and 900 ◦C–100 ◦C/s were selected as the orthogonal experiments, and each
parameter in the equation was then calibrated using the Matlab fitting method as shown in
Table 2. As shown in Figure 11, the experimental results of the volume fraction of the β

phase were consistent with the modeling results with an average error of 5.17%, indicating
a good accuracy of the proposed model. Based on the present research, the effect of cooling
on the post-form strength and microstructure of TC4 will be used in the future to develop a
theoretical model to predict the mechanical strength of formed components.

Table 2. Material constants of a phase transformation volume fraction prediction model.

Parameter Value Parameter Value Parameter Value

f 0 0.13 K0 (s−1) 4.52 × 1016 Q (kJ/mol) 445
T1 (K) 923 a 0.86 Hmax (◦C/s) 1000

n 0.35 R (J/mol/K) 8.314
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Figure 11. Comparisons of the experimental and modelling results on the volume fraction of the β

phase at different heating rates and heating temperatures.

3.4. Effects of the Forming Temperature and Heating Rate on the Post-Form Strength of TC4

This study investigated the effects of forming temperature and heating rate on the
strength of TC4 sheets that were heat treated using a self-developed resistance heating
device. The strength properties at room temperature were characterized using the sub-size
specimen shown in Figure 4b. For an easier comparison of the yield and ultimate tensile
strength, engineering stress-strain curves were plotted in Figure 12, and the distribution of
determined yield strength at various heating rates is shown in Figure 13.

It was clear that the heating rate affected the yield strength significantly, which de-
creased gradually with the increase in heating rate at the forming temperatures of 850 ◦C
and 900 ◦C, but first increased and then decreased at the forming temperature of 800 ◦C.
This trend was more obvious at a higher forming temperature. The difference in the yield
strength between the heating rates of 30 ◦C/s and 100 ◦C/s was 16% at 800 ◦C, which was
lower than that at 900 ◦C (24%). This was because when the heating rate was lower, the
diffusion of alloying element V was more adequate, leading to a higher volume fraction
of the β phase. It was known that the metastable β phase transformed to the fine and
dislocated irregular acicular α’ phase, instead of the α phase, after cooling at a rate that
was higher than the critical value of the martensitic phase transformation of TC4 [29]. Due
to the α’ phase being stronger than the α phase, the more the β phase generated at a lower
heating rate, the more it transformed into the α’ phase, resulting in a higher yield strength.
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Figure 12. Effect of heating rate on the engineering stress-strain curves at the heating temperatures of
(a) 800 ◦C (b) 850 ◦C; (c) 900 ◦C.

Figure 13. Yield strength after cooling at a cooling rate of 200 ◦C/s at different heating temperatures
and rates.
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4. Conclusions

In this paper, the effects of heating rate and forming temperature on the plastic
deformation, microstructure and post-forming properties of a dual-phase titanium alloy
TC4 were systematically studied. The results of which would facilitate the precise control
of the shape and mechanical properties of the formed titanium components under hot
forming conditions. Therefore, the present research would contribute to the manufacture of
complex-shaped thin-walled aerospace components made from dual-phase titanium alloys.
The effects of the forming temperature and heating rate on the maximum flow stress and
elongation of TC4 were investigated by conducting hot tensile tests and microstructural
analysis. Subsequently, the yield strength at different heating rates was compared using the
specimens that were heat treated using a resistance heating device. The main conclusions
were drawn as below:

1. In the forming temperature range between 850 ◦C and 950 ◦C, both the maximum
flow stress and elongation decreased with an increase in forming temperature. When
the heating rate was 10 ◦C/s, the flow stress was larger than that at the heating rate of
1 ◦C/s, while the elongation remained constant.

2. For the microstructure evolution under various heating conditions, the volume frac-
tion of the β phase increased with an increase in heating temperature and a decrease
in heating rate. The average grain size decreased with an increased heating rate. A
higher volume fraction of the β phase and finer grains improved the material ductility.

3. Based on the microstructure observation results, a model was established to predict
the volume fraction of the β phase under different heat treatment conditions. The
prediction error of the model was 5.17%, which would contribute to a qualitative
analysis of the mechanical properties of TC4 titanium alloy under high-temperature
deformation conditions.

4. More martensite transformation was involved in the metastable β phase at a higher
heating temperature and a lower heating rate during the rapid cooling process, leading
to a higher yield strength.
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Abstract: Typically, due to their limited formability, elevated temperatures are required in order to
achieve complex shapes in titanium alloys. However, there are opportunities for forming such alloys
at room temperature using incremental forming processes such as single-point incremental forming
(SPIF). SPIF is an innovative metal forming technology which uses a single tool to form sheet parts in
place of dedicated dies. SPIFs ability to increase the forming limits of difficult-to-form materials offers
an alternative to high temperature processing of titanium. However, sheet thinning during SPIF may
encourage the early onset of fracture, compromising in-service performance. An additive step prior
to SPIF has been examined to tailor the initial sheet thickness to achieve a homogeneous thickness
distribution in the final part. In the present research, laser metal deposition (LMD) was used to locally
thicken a commercially pure titanium grade 2 (CP-Ti50A) sheet. Tensile testing was used to examine
the mechanical behaviour of the tailored material. In addition, in-situ digital image correlation was
used to measure the strain distribution across the surface of the tailored material. The work found
that following deposition, isotropic mechanical properties were obtained within the sheet plane in
contrast to the anisotropic properties of the as-received material and build height appeared to have
little influence on strength. Microstructural analysis showed a change to the material in response to
the LMD added thickness, with a heat affected zone (HAZ) at the interface between the added LMD
layer and non-transformed substrate material. Grain growth and intragranular misorientation in the
added LMD material was observed. SPIF of a LMD tailored preform resulted in improved thickness
homogeneity across the formed part, with the downside of early fracture in a high wall angle section
of the sheet.

Keywords: Titanium; sheet metal; incremental forming; additive manufacture

1. Introduction

Single-point incremental forming (SPIF) is a method of producing sheet metal parts
without the need for expensive tooling. In place of the conventional fixed forming die setup,
a computer numerical control (CNC) machine controls a tool as it performs incremental
localised deformation on the sheet [1]. It is thanks to the incremental form of deformation
that SPIF is capable of increasing the forming limits of difficult to form materials such as
titanium [2], with Jackson et al. [3] highlighting plain strain stretching and Allwood et al. [1]
through thickness shear as key deformation modes. Lightweight materials such as titanium
are widely used in aerospace and automotive industries for their high strength to weight
ratio [4]. However, their alpha-grained hexagonally close-packed (hcp) microstructure
limits their formability at room temperature due to a restricted number of slip systems.
As such, there are increasing demands for advanced forming technologies to improve the
low temperature formability of this lightweight material [5]. The increased forming limits
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achievable with SPIF makes room temperature forming of titanium possible, offering a
cost-effective alternative to forming titanium at elevated temperatures [6].

A disadvantage of SPIF is the localised sheet thinning during SPIF which limits the
potential geometric capabilities of the process [7]. A combination of the compressive
load induced by the tool and stretching of the sheet was found to be responsible for the
thinning [8]. Jeswiet et al. [9] attributed high forming angles to increased levels of thinning
in the sheet cross-section which can result in inhomogeneous thickness distributions across
SPIF parts. This is especially true in sheet parts containing wall angles at 70◦ to the sheet
plane or higher [10]. Reducing the severity of sheet thinning in room temperature SPIF
is integral to the successful forming of titanium sheet parts. Different approaches from
other researchers have been taken to achieve this. Mohsen et al. [11] combined SPIF of
AA6082-T6 sheet with hydraulic bulging, increasing the formability by 26% and reducing
sheet thinning by 45%. Ambrogio et al. [12] machined pockets into specific zones of a
AA1050-O aluminium sheet to weaken these areas to better control the thinning distribution
during ISF. In another study, Ambrogio et al. [13] used additive manufacturing (AM) to
avoid excessive sheet thinning and improve accuracy via two routes, an AM generated
backing plate and sintered material to reinforce the area of pronounced deformation in
aluminium sheet. Kumar et al. [14] found decreasing the wall angle, step depth and spindle
speed and increasing tool diameter reduced thinning, so improving uniform thickness
distribution of SPIF parts.

Tailored blanks offer a potential route for generating preforms for optimising forming.
Raut et al. [15] designed aluminium and steel blanks with areas of thicker and stronger
material in zones of expected higher stress and loading to reduce part weight without
compromising strength. AM reinforcements have been seen to offer better final part
properties than other types of tailored blanks due to the full metallurgical bonding between
deposit and substrate [16]. Laser metal deposition (LMD) is particularly suited for tailoring
sheet metal due to its good heat dissipation, its capability of printing thin layers and fast
deposition speeds which limit sheet deformation [17]. Such advantages led researchers to
propose the use of LMD to increase the thickness and stiffness of aluminium sheet with
locally applied patches [16]. The material properties of LMD parts can be advantageous
to specific applications as found in the following studies. Yu et al. [18] discovered LMD
generated Ti6Al4V parts resulted in superior yield and ultimate tensile strengths than
cast and annealed wrought material, with consistent microstructure between layers and
tracks and a low dilution depth and heat-affected zone (HAZ). Barro et al. [19] found AM
generated titanium grade 4 parts for dental components performed better than milled
parts. LMD is capable of processing a wide range of metals making it the most versatile
AM process [20]. With LMD the geometry is printed on a substrate surface by melting
the surface with a laser whilst simultaneously applying metal powder. The melt pool is
protected from oxidation by an inert gas, usually argon or helium, and the metal powder is
fed into the melt pool by a nozzle. Typically, the part is kept stationary as the deposition
head follows a tool path to achieve the final part geometry.

The purpose of this investigation is to tailor a commercially pure titanium (CP-Ti)
SPIF preform with local thickening via LMD to improve thickness homogeneity in the final
SPIF sheet part. The development of this novel SPIF + LMD hybrid process may potentially
provide a route to improve geometric accuracy at high forming angles in cold formed
CP-Ti sheet parts. A commercially pure titanium grade 2 (CP-Ti50A) sheet will be locally
thickened with CP-Ti powder using LMD. The two variables of interest are LMD build
height (in the build direction) and LMD track direction (with respect to the sheet rolling
direction, RD). The impact which LMD build height and direction have on the tailored
materials mechanical and directional properties is to be examined. Tensile testing will be
performed to examine the mechanical behaviour of the tailored material with in-situ digital
image correlation (DIC) to measure surface strain distribution. Material characterisation
techniques will be used to examine the microstructure of the tailored material. Following
this, a forming trial will be performed to test the capability of the LMD tailored preform
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for room temperature SPIF. LMD variables are to be kept constant to avoid confounding
factors from influencing the results of the study. All the details are reported in the following
sections.

2. Materials and Methods

The sheet used for the LMD substrate material was an uncoated cold rolled sheet of
CP-Ti50A of dimensions 500 mm × 500 mm × 1.6 mm (W × L × T), selected for its good
room temperature ductility relative to other titanium alloys. The chemical composition of
the material is listed in Table 1 [21] and its mechanical properties in Table 2. Examination of
the as-received (A-R) sheet substrate showed a microstructure of fine equiaxed grains with
average grain size of 5.4 ± 0.2 μm, Figure 1a. The true stress–strain curve of the material in
three directions with respect to the sheet rolling direction (RD) showed anisotropy of the
material, Figure 1b. The powder metal used for laser metal deposition (LMD) was a CP-Ti
grade 2 powder with particle size distribution of 45–150 μm. It was gas atomised with a
spherical particle shape, apparent density 2.62 g/cm3 and oxygen content 0.16% [22].

Table 1. Chemical composition of CP-Ti50A.

Constituent Elements Ti N C H Fe O

Composition, wt% Balance 0.03 0.08 0.015 0.20 0.18

 
(a) (b) 

Figure 1. Substrate material properties: (a) Microstructure of A-R (CP-Ti50A); (b) True stress–strain
plot of A-R CP-Ti50A in three directions at room temperature.

Table 2. Mechanical properties of A-R CP-Ti50A.

Sheet Orientation Yield Strength (MPa) Tensile Strength (MPa) Poisson’s Ratio

RD 353 ± 1.25 432 ± 0.78 0.33

45◦ to RD 343 ± 1.62 389 ± 1.21 0.75

TD 378 ± 0.83 420 ± 0.95 0.9

A non-contact blue light 3D scanning technique was used to scan a 1.6 mm thick
CP-Ti50A sheet part previously formed by SPIF (SPIF part). The part was designed with
wall angles (θ) at 20◦, 40◦, 60◦ and 80◦ to the sheet plane. GOM ATOS® software was used
to generate a three-dimensional representation of a section of the part, Figure 2. Through-
thickness thinning was measured to an accuracy of ±20–40 μm across each angled section.
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Added thickness from a spray, used to minimise light reflection, was responsible for an
additional 0.05 mm thickness. Five measurements were taken from each section and the
mean calculated, Table 3. The thinning measurements determined the quantity of material
to be added by LMD. The same scanning technique was used to generate a digital model of
the SPIF + LMD hybrid sheet part created as part of this study, to measure its thickness
profile.

Figure 2. GOM scan to measure thickness reduction across SPIF formed part.

Table 3. Thickness measurements from the scanned SPIF part to inform the necessary LMD thickening.

Region Thickness (mm) Thinning (mm)

θ = 0◦ 1.65 ± 0.01 N/A
θ = 20◦ 1.57 ± 0.02 0.07
θ = 40◦ 1.34 ± 0.03 0.31
θ = 60◦ 0.93 ± 0.05 0.72
θ = 80◦ 0.62 ± 0.06 1.03

Two LMD tailored sheets were designed for this investigation. The first for conducting
material analysis on the LMD tailored material, Figure 3, and the second a LMD tailored
preform for SPIF, Figure 4c. Designing the first sheet with nine LMD deposit (pad) locations
made it possible to investigate the influence of the LMD build height and orientation on the
materials mechanical and microstructural properties. Each pad measured 111 mm × 71 mm
(L × W). Three pads were orientated with their length parallel to the sheet rolling direction
(RD), three at 45◦ to the RD (45◦ to RD) and three at 90◦, or transverse, to the RD (TD). From
each pad three tensile specimens were extracted. The added thickness via LMD (A) in the
build direction (Z) was achieved by stacking 0.15 mm layers in a crosshatch pattern (ex. x4
layers achieves 0.6 mm added thickness). The tensile specimen gauge lengths were made
in-line with the LMD pad length (Y) which determined the tensile specimen orientation in
relation to the sheet rolling direction (RD). The resulting material variable configurations
are provided in Table 4. Additional tensile specimens were designed to be extracted directly
from the A-R sheet for testing (sets a, e and i). For the SPIF preform a uniform thickness
of 0.3 mm was deposited using the same LMD parameter across a second CP-Ti50A sheet.
The deposited material aligned with the areas of thinning in the previously formed SPIF
geometry.
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Figure 3. LMD pad locations (internal black boxes) on sheet with the tensile test specimen extraction
locations (red) indicated, and tensile gauge lengths in-line with pad length (Y).

Table 4. Material variables.

Material Location
Tensile Gauge Orientation

(Y direction)
LMD Thickness (A) (mm)

Set a RD 0
Set b RD 0.3
Set c RD 0.6
Set d RD 0.9
Set e 45◦ to RD 0
Set f 45◦ to RD 0.3
Set g 45◦ to RD 0.6
Set h 45◦ to RD 0.9
Set i TD 0
Set j TD 0.3
Set k TD 0.6
Set j TD 0.9

A modular fixture consisting of two sub-modules was designed to support the hybrid
LMD + SPIF process. One sub-module (LMD fixture) secured the sheets during LMD and
a subsequent stress relief heat treatment. The LMD fixture comprised of three parallel
plates made from hardened tool steel with a central cavity of 442 mm diameter in the top
plate to allow the die to pass through during SPIF. The LMD fixture, with sheet clamped,
fits into the larger sub-module (SPIF fixture). The SPIF fixture positions and lowers the
LMD fixture over a die as the sheet is formed with a 25.4 mm diameter hemispherical
tool. Physical alignment grooves and guiding pillar/bushing assemblies in the SPIF fixture
ensure accuracy and repeatability.

LMD was performed by a commercial supplier using a TRUMPF 2 kW TruDisk Laser
and Oerlikon Metco Twin-10-C powder feeder. The laser and powder feed movement were
provided with a 5-axis REIS RL80 Gantry Manipulation System with a 3 m × 2.25 m × 1.5 m
work envelope, Figure 4a. The following LMD machine parameters were developed ex-
perimentally on-site: laser power (P) of 675.0 W, scanning speed (v) of 15.0 mm/s, track
separation of 1.4 mm, and carrier and nozzle shielding gas flow rates of 4.0 L/min and
10.0 L/min, respectively. These parameters achieved a low linear laser energy density
(LED) of 45 J/mm ensuring a low depth of heat penetration, a narrow melt region and
minimal HAZ [23]. The shielding (argon) gas carried the powder into the molten pool
where it was melted and, on solidification, layered with a step size of 0.15 mm. These
machine parameters were used for performing LMD on both sheets, Figure 4b,c.

61



Materials 2022, 15, 5985

   
(a) (b)  (c)  

Figure 4. LMD fixture and sheet for LMD: (a) LMD processing cell. (b) Fixture with CP-Ti50A sheet
mounted on T-slot table; (c) Completed LMD deposits on sheet.

X-ray diffraction (XRD) was used to measure the residual stress remaining after LMD.
The results of XRD showed some variation in the stress measurements acting in the RD
and TD directions, Table 5. The maximum stress was made to be 168 ± 6.69 MPa, below
the typical yield strength (YS) of CP-Ti50A which is 345 MPa [21].

Table 5. XRD measurement results.

Material Location Measurement Direction Measured Stress (MPa)

Set b
TD 137 ± 6.07
RD 27 ± 3.97

Set c
TD 93 ± 5.25
RD 75 ± 5.78

Set d
TD 133 ± 5.45
RD 55 ± 4.51

Set j TD −32 ± 6.21
RD 0 ± 5.13

Set k
TD 51 ± 5.78
RD 77 ± 5.47

Set l
TD 168 ± 6.69
RD 10 ± 4.55

A stress relieving heat treatment was performed using a Carbolite LCF furnace to
ensure no sheet movement affected the LMD build quality. Following this, tensile specimens
were extracted by wire electrical discharge machining (EDM) from the LMD part using a
AgieCharmilles CUT 400 Sp machine. The geometry of the tensile specimens is provided in
Figure 5. A speckle pattern was spray painted on the surface of each tensile specimen for
digital image correlation (DIC) analysis, used to track the sample surface displacement and
generate an accurate strain map. Selected specimens had the speckle pattern applied to the
LMD deposit side and others on the substrate side.
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Figure 5. Geometry of tensile specimen based on ASTM-E8/EM (dimensions in mm).

A 150 kN Zwick/Roell Z150 testing machine was used to perform room tempera-
ture (23 ◦C) uniaxial tensile tests. All tests were carried out at a constant strain rate of
0.001 s−1, controlled by testXpert II software and in accordance with ISO 6892-1:2019. An
extensometer measured the elongation of the specimen. The test ended at tensile specimen
failure. Twelve sets of tensile specimens were extracted from the LMD tailored sheet with
different configurations of the LMD build height and build orientation, see Table 4. For
each configuration, three repeat tests were performed to validate results. In total, 36 tensile
tests were performed. In-situ DIC analysis measured local surface strain during tensile
deformation. A two-camera setup captured strain data with a fixed frequency of 1 Hz and
strain maps were calculated by measuring the displacement of the surface speckle pattern
using DaVis 8.0 software supplied by LaVision.

Following mechanical testing, material characterisation of the LMD tailored material
was conducted. The LMD surface morphology was analysed using an Alicona Infinite Focus
microscope. The tensile samples were mounted, cleaned with acetone and the fracture face
examined using a Quanta 250 FEG SEM. Following this, grinding and polishing steps were
performed to prepare the sample surfaces for further characterisation. Material hardness
was measured using a Vickers Micro Hardness Tester by applying a force of 1 kg for 15 s
using a diamond indenter. Samples were polished and the surface etched to expose the
grain boundaries for optical microscopy. An electropolishing step was used to prepare
material samples for microstructural examination. A polishing current of 0.14 A and voltage
35 V was used to polish a 1 cm2 area with A3 electrolyte. Electron backscatter diffraction
(EBSD) was performed with step size 0.2 μm to observe the material microstructure using
an SEM operated with accelerating voltage of 20 kV.

Room temperature SPIF was performed on the LMD + SPIF preform, Figure 6. A DMU
125 FD Duo Block 5-axis CNC machine was used to perform SPIF. The SPIF fixture was
secured to the machine bed, Figure 6a. Scissor lifts lifted the top plate of the SPIF fixture
into position above the die, the LMD fixture with the LMD + SPIF preform attached was
installed into the SPIF fixture, and the scissor lifts removed. The toolpath was generated
using Autodesk Fusion 360. Vericut was used to test for collisions and the programme
uploaded to CIMCO and made available to the CNC machine operator. SPIF was stopped
after every 10 mm of forming and the CNC machine door unlocked to check the part for
signs of failure, measure the temperature of the tool, and lubricate the sheet and tool. SPIF
was completed and the formed part (LMD + SPIF part) taken for analysis, Figure 6b.
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(a)  (b)  

Figure 6. Performing SPIF on LMD tailored part: (a) Modular fixture with sheet attached during SPIF.
(b) Final SPIF part with fracture.

3. Results

3.1. Microstructural Response to LMD

Optical microscopy was used to view the microstructural development across the
cross-section of the A-R, Figure 7a, and LMD material samples, Figure 7b,c. Near-surface
grain growth is observable in the LMD tailored samples to a depth equal to the added
thickness (Zone 1), Figure 8a,d. Near the base of each sample there is a fine equiaxed
microstructure which is indicative of the non-transformed substrate material (Zone 3),
Figure 8c,f. The microstructure in Zone 3 is comparable to the A-R material, Figure 7a. At
the interface between Zone 1 and 3 is the HAZ (Zone 2), Figure 8b,e. The microstructural
change in the HAZ was likely a result of the thermal input from the laser during LMD.
With the equipment available it was not possible to measure the temperature during
deposition, however it is expected to have risen above the CP-Ti transus temperature of
882 ◦C [24]. This thermal input from the laser and subsequent cooling is likely the cause
for the α > β > α phase change. As such, Zone 2 contains a platelet alpha microstructure,
typical for CP-Ti when cooled from the high temperature body centered cubic (bcc) β-phase
field [25]. An increase in the HAZ thickness from 0.9 mm to 1 mm and a decrease in the
un-transformed substrate from 0.7 mm to 0.5 mm is observed in response to the additional
LMD added thickness, Figure 7b,c.

   
(a) (b) (c) 

Figure 7. Optical images of material sample cross-sections at ×10 magnification with approximate
LMD layer, heat affected zone (HAZ) and unchanged substrate defined: (a) A-R material; (b) 0.6 mm
LMD sample; (c) 0.9 mm LMD sample.
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(a) (b) (c) 

(d) (e) (f) 

Figure 8. Optical images of 0.6 mm and 0.9 mm LMD samples across cross-section at ×20 magnifica-
tion: (a) Zone 1 (LMD tailored material) of 0.6 mm LMD sample; (b) Zone 2 (Heat affected zone, HAZ)
of 0.6 mm LMD sample; (c) Zone 3 (Non-transformed substrate) of 0.6 mm LMD sample; (d) Zone 1
(LMD tailored material) of 0.9 mm LMD sample; (e) Zone 2 (Heat affected zone, HAZ) of 0.9 mm
LMD sample; (f) Zone 3 (Non-transformed substrate) of 0.9 mm LMD sample.

The difficult sample preparation process for CP-Ti meant the microstructure was not
clearly visible by optical microscopy. As such, EBSD analysis was performed on samples
extracted from the LMD thickness to view its microstructure in greater detail. Grinding to
depths of 0.3–0.6 mm below the material surface exposed the microstructure within Zone
1. Inverse pole figure (IPF) maps were generated, Figure 9. The RGB colour code: red for
(0001), green for (1210) and blue for (0110) as shown in the standard stereographic triangle
corresponds to the crystallographic orientation of each grain. The microstructure of the
LMD part remains randomly orientated, Figure 9b,c, similar to the A-R microstructure,
Figure 9a. Low magnification maps were used to measure the average grain size of the LMD
tailored material using the intercept method. For the 0.3 mm thickened material, 158 grains
were measured with an average grain size of 54.5 ± 0.2 μm and size range of 8.1 μm–250 μm
(SD = 56.9). For the 0.9 mm thickened material 158 grains were measured with an average
grain size of 39 ± 0.2 μm and size range of 2.2 μm–326.2 μm (SD = 57.7). The A-R material
has an average grain size of 5.4 ± 0.2 μm (SD = 3.3). A grain growth of approximately
x10 is observed in response to LMD. The higher SD of the LMD tailored microstructure
suggests significant spread in grain size, in contrast to the lower SD of the A-R material
which suggests a normal distribution of grain size. Twinning was observed in the LMD
material. Some twins are seen to have nucleated and terminated on grain boundaries,
labelled T1 in Figure 9d, whereas other twins nucleated on a boundary and terminated
within the grain interior, labelled T2. Very small amounts of leftover transformed beta (β)
phase is present in the LMD tailored material, likely a leftover during a phase transition in
response to the LMD heating cycle.
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(a) (b) 

  
(c) (d) 

Figure 9. EBSD analysis of material specimens extracted from LMD tailored material: (a) IPF map for
A-R specimen with no LMD thickening (b) IPF map of 0.3 mm LMD layer; (c) IPF map of 0.9 mm
LMD layer; (d) Band contrast image of 0.9 mm LMD layer showing twinning.

A high magnification coloured IPF map was performed to examine the microstructure
of the LMD part in greater detail, Figure 10a. The map contains several single grains
and a fragmented large grain with intragranular misorientations. The single grains are
presumed to be the microstructure of the melted deposit material. The fragmented grain
has an internal substructure containing partially and fully enclosed grains with low angle
grain boundaries (LAGB) represented by blue lines, and several fully enclosed grains with
high angle grain boundaries (HAGB) with misorientation over 15◦, represented by black
lines. The substructure has a single crystal orientation as determined by the IPF colouring.
A misorientation angle measurement across a fully enclosed HAB grain, labelled L1 in
Figure 10b, reveals that the misorientation is just over 15◦ which confirms the internal
HAGBs evolved from LAGBs with the accumulation of dislocations. An incomplete LAGB
misorientation, labelled L2 in Figure 10c, has a misorientation of just under 8◦ which
suggests further accumulation of dislocations could result in a fully enclosed LAB grain
which could develop into a HAB grain. The size and shape of the LAB segments are close to
the fine equiaxed microstructure of the A-R CP-Ti50A material, Figure 9a. The occurrence
of incomplete grains is a strong indication that continuous dynamic crystallisation (CDRX)
occurred [26].
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(b) 

(a) (c) 

Figure 10. EBSD analysis of LMD tailored metal: (a) x2000 magnified coloured IPF map of 0.9 mm
LMD layer; (b) misorientation across fully enclosed HAGB; (c) misorientation across segmented
LAGB.

3.2. Mechanical Response to LMD Tailoring

Tensile test specimens from the tailored sheet were prepared along the RD, 45◦ to
RD and TD directions for uniaxial tensile testing. The tensile test for each specimen
was repeated three times and averaged. The tensile test data was plotted as shown in
Figure 11a,c,e and the tensile specimens at fracture are seen in Figure 11b,d,f. The details
of the tensile test are tabulated in Table 6. The CP-Ti50A sheet material in the A-R form
exhibits anisotropic tensile behaviour, Figure 1b. In the RD, the A-R material has a higher
ultimate tensile strength (UTS) and greater elongation before necking and fracture than
at 45◦ to RD. This anisotropy is a direct response to the pronounced texture and limited
number of slip systems in hexagonally close-packed (hcp) materials such as CP titanium.
Despite the anisotropic tensile behaviour of the substrate material, the specimens extracted
from the LMD part exhibited isotropic mechanical behaviour. This result suggests LMD
tailoring of sheet preforms will allow for good design flexibility due to the omnidirectional
mechanical behaviour across the thickened preform. In the RD, the LMD thickened material
specimens showedreduced strength and a small reduction in ductility with more abrupt
hardening suggesting increased brittleness compared to the A-R material, Figure 11a. The
results show a 2.4–5.6% increase in the yield stress (YS), 4–6% reduction in elongation
(E) and a 6.2–9.9% decrease in the ultimate tensile strength (UTS) compared to the A-R
material. At 45◦ to the RD the LMD material exhibited a 5.2–9.9% increase in the YS,
11–14% reduction in E which indicates lower ductility, and similar UTS values of a range
0–4.6% higher than the A-R material, Figure 11c. In the TD there was little change in the
mechanical behaviour of the LMD tailored material compared to the A-R material with a
1.1–2.7% decrease in the YP, 3–6% decrease in the E and a 3.5–5.3% decrease in UTS values,
Figure 11e. In general, the results indicate that LMD thickening reduces elongation and
formability. A larger decrease in ductility was seen in the RD and 45◦ to RD directions. A
noteworthy observation is the lack of influence the number of stacked LMD layers had on
the strength properties of the thickened material. This suggests the major change in the
crystallographic microstructure occurred at the initial introduction of the LMD material
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and remained constant as more layers were deposited. The tensile results indicate there are
unlikely to be significant defects in the added LMD material, such as pores. The material
performs well and would suggest the introduction of an added thickness via LMD is a
potential route for tailoring preforms for SPIF. In summary, the isotropic nature of the LMD
tailored material and lack of influence of the LMD build height ensure that anisotropy and
geometry are less relevant when designing LMD tailored SPIF preforms.

A-R 0.3 mm LMD 0.6 mm LMD 0.9 mm LMD 

(a) (b) 

A-R* 0.3 mm LMD 0.6 mm LMD 0.9 mm LMD 

(c) (d) 

A-R 0.3 mm LMD 0.6 mm LMD 0.9 mm LMD 
(e) (f) 

Figure 11. Results of uniaxial tensile testing: (a) True stress (α) vs. strain (ε) curves in the sheet RD;
(b) RD tensile specimens at fracture; (c) True α vs. ε curves in the diagonal direction (45◦); (d) 45◦

diagonal tensile specimens at fracture * Extensometer was removed due to amount of elongation and
plot was calculated from raw strain data; (f) True α vs. ε curves in the TD direction; (e) TD tensile
specimens at fracture.
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Table 6. Material properties for CP-Ti50A sheet as-received and with LMD added thickness of
variable levels.

Material Location
(See Table 4 for Variables)

YS
(0.2% Proof Stress) (MPa)

E
(% Increase, 20 mm Gauge)

UTS
(MPa)

Set a 353 ± 1.25 43 ± 0.75 432 ± 0.78
Set b 362 ± 1.02 38 ± 3.12 393 ± 2.34
Set c 367 ± 0.75 40 ± 3.51 401 ± 0.84
Set d 374 ± 2.36 38 ± 0.93 406 ± 0.39
Set e 343 ± 1.62 52 ± 0.29 389 ± 1.21
Set f 361 ± 0.32 40 ± 3.55 388 ± 1.09
Set g 368 ± 0.98 41 ± 2.85 394 ± 1.41
Set h 377 ± 1.73 38 ± 1.01 407 ± 1.67
Set i 378 ± 0.83 43 ± 0.84 420 ± 0.95
Set j 368 ± 2.49 38 ± 1.16 398 ± 3.63
Set k 373 ± 1.07 37 ± 2.05 402 ± 0.72
Set l 374 ± 1.44 40 ± 3.02 405 ± 1.50

3.3. Strain Analysis of LMD Material

Optical non-contact measurement techniques were used to show effective strain dis-
placement in the plastic region of the tensile specimens during tensile deformation. At
90% extension in the A-R RD sample, strain was seen to concentrate near the gauge centre
and localised necking was observed, followed by diffused necking and reduction in the
gauge width before failure. High strain localisation was seen to initiate at the edge of each
sample before failure, at which a crack nucleated and travelled through the specimen. The
DIC results indicate the necking morphology changed in response to the introduction of
an LMD layer. With the specimens from the LMD part, strain localised in a smaller area
during necking and eventual fracture. The A-R specimen had a diffused neck of 10 mm
and localised neck of 5 mm at 90% extension, Figure 12a. The LMD tailored specimens
in the RD had diffused necks of 5 mm and localised necks of 1–1.5 mm at approximately
90% extension, Figure 12b–d. Strain was seen to localise within shallow grooves between
LMD tracks compared to the homogeneous strain distribution across the surface of the
AR specimen. Similar strain behaviour was observed for all samples oriented 45◦ to RD
and TD, Figures 13 and 14. This suggests the surface morphology from the LMD tracks
influenced strain distribution. The LMD tailored specimens exhibited lower elongation
and earlier fracture nucleation and failure compared to the A-R specimens as indicated
by the true stress–strain curves. This is likely a result of cracks nucleating from defects in
the heterogeneous LMD surface, causing necking to initiate at earlier strain during tensile
deformation in comparison to the more homogeneous A-R material specimens.
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(a) (b) (c) (d) 

Figure 12. Effective surface strain at 90% extension on tensile samples orientated in substrate RD:
(a) A-R material; (b) 0.3 mm LMD sample; (c) 0.6 mm LMD sample; (d) 0.9 mm LMD sample.

   
(a) (b) (c) (d) 

Figure 13. Effective surface strain at 90% extension on tensile samples orientated 45◦ to substrate RD:
(a) A-R material; (b) 0.3 mm LMD sample; (c) 0.6 mm LMD sample; (d) 0.9 mm LMD sample.
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(a) (b) (c) (d) 

Figure 14. Effective surface strain at 90% extension on tensile samples orientated in substrate TD:
(a) A-R material; (b) 0.3 mm LMD sample; (c) 0.6 mm LMD sample; (d) 0.9 mm LMD sample.

A speckle pattern was sprayed on the reverse side of selected specimens to compare
the strain distribution on the LMD surface (front) and reverse side with no LMD (back),
Figure 15. At 90% extension the diffused neck measured 5 mm on both front and back of
the RD and TD specimens with 0.9 mm added LMD material. Despite the same diffused
necking, the high strain which indicates localised necking was 1–2 mm on the front and
3–4 mm on the back for the RD and TD specimens. This indicates surface morphology
likely impacted surface strain distribution. Higher surface strain at 90% extension occurred
on the front compared to the back, with 0.80 and 0.90 strain values for front RD and TD
specimens, respectively, compared to 0.72 and 0.68 strain values for back RD and TD
specimens, respectively.

    
(a) (b) (c) (d) 

Figure 15. Effective surface strain at 90% extension on the LMD (front) surface and the reverse (back)
side with no LMD: (a) Front of RD 0.9mm LMD sample; (b) Back of RD 0.9 mm LMD sample; (c) Front
of TD 0.9 mm LMD sample; (d) Back of TD 0.9 mm LMD sample.
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3.4. Material Study

Due to the influence of the LMD deposit morphology on the surface strain distribution,
an Alicona microscope was used to measure the depth of grooves between each LMD
track. A 3D representation of the surface was stitched together from layered images using
OmniSurf 3D software, Figure 16a. The LMD surface morphology of the analysed areas
contain parallel LMD tracks with relatively flat surfaces and shallow grooves. The average
groove depth across all LMD sample surfaces was 73.5 ± 10.6 μm. Unconsolidated CP-Ti
powder was seen to collect in the track valleys, Figure 16b. This is likely a result of this
region being located at the cooler outer regions of the laser melt pool. The unconsolidated
powder particles may have functioned as surface defects, acting as crack nucleation sites
for early onset fracture. Machining is a potential route to improve the quality of the final
LMD surface.

 

(a) (b) 

Figure 16. Surface morphology of RD 0.9 mm LMD sample: (a) LMD build surface morphology;
(b) LMD track form with optical image showing unconsolidated powder particles in the grooves
between tracks.

Fractography analysis was performed on the fracture face of the A-R tensile speci-
men and the sample with 0.9 mm added thickness by LMD, both with the gauge length
orientated in the sheet RD. Fractography was performed using the FEI Quanta 250 FEG
SEM at high magnification. The centre of the fracture face on the A-R sample (Zone 1) is
characterised by a fine dimple texture accompanied by microscopic voids typical of ductile
fracture, Figure 17b. The edge of the A-R sample has small dimples, micro-voids and
evidence of shear, Figure 17c. The LMD surface (Zone 1) and non-transformed substrate
material (Zone 2) have distinct fracture morphologies, Figure 18a. No delamination of the
LMD material is evident with good bonding across the interface region of Zone 1 and Zone
2. Within Zone 1 are large equiaxed voids with groups of coalesced microscopic voids at
their base, Figure 18b. Zone 2, Figure 18c, has similar fracture morphology to the edge of
the A-R specimen, Figure 17c, with micro-voids propagating in the direction of the stress
axis and visible surface shear, suggesting the microstructure in Zone 2 was not altered
significantly by LMD.
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(a) (b) (c) 

Figure 17. Fractography analysis of A-R material sample: (a) Selected areas showing type of fracture
at middle (Zone 1) and edge of fracture face (Zone 2); (b) High magnification of Zone 1; (c) High
magnification of Zone 2.

   
(a) (b) (c) 

Figure 18. Fractography analysis of 0.9 mm LMD sample: (a) Differentiation between LMD added
thickness (Zone 1) and non-transformed substrate (Zone 2); (b) High magnification of Zone 1; (c) High
magnification of Zone 2.

Vickers hardness testing of the A-R material and LMD part was performed. For
the in-plane measurements a depth of 280 μm was removed by grinding to measure
the microhardness of the added LMD layer, Figure 19a. The hardness results for the A-
R material are highly repeatable with a mean of 153 ± 3 HV. The hardness results for
the tailored materials exhibit large scattering which is likely due to the inhomogeneous
microstructure caused by the grain growth [18]. The mean hardness values for the tailored
materials are in the range of 159–166 HV with significant overlap of the standard deviation
error bars showing the difference is not statistically significant. This indicates the hardness
is consistent across the tailored material despite the difference in LMD build thickness.
Microhardness measurements were performed along the gauge length of the fractured
tensile samples, from the top grip region towards the fracture site, Figure 19b. A rise in
microhardness across the gauge of approximately 173–182 HV was observed across all
material samples.
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(a) (b) 

Figure 19. Vickers microhardness results: (a) In-plane microhardness of added LMD layer; (b) Micro-
hardness along gauge length of fractured tensile specimens.

3.5. SPIF of LMD Tailored Preform

SPIF was performed on the LMD + SPIF preform until fracture. A three-dimensional
representation was generated for the LMD + SPIF preform, Figure 20a, and the LMD + SPIF
part, Figure 20b. The colour map shows thickness variation.

  
(a) (b) 

Figure 20. Three-dimensional scans of the LMD tailored SPIF preform and part: (a) Thickness
distribution across LMD tailored SPIF preform; (b) Thickness distribution across LMD tailored SPIF
part.

The thickness distribution was calculated across the SPIF part and LMD + SPIF parts,
Figure 21a. The rise in thickness at the edge of the unformed section for the LMD + SPIF
part is the unformed LMD thickened material. The results indicate the percentage (%) rate
of thinning is equal for both formed sheets when measured directly from the as-received
starting thickness, Figure 21b. However, when measured from the starting thickness of the
reinforced wall sections, the % rate of thinning is lower for the LMD + SPIF part compared
to the SPIF part, Figure 20c, suggesting greater thickness homogeneity in SPIF parts is
achievable by using tailored preforms with additional thickness in regions of expected
thinning.
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Figure 21. Thickness measurements of SPIF sheets with and without LMD added layer: (a) Thickness
distribution across SPIF parts; (b) % change of each angled section from LMD added thickness; (c) %
change of each angled section from substrate starting thickness.

Despite the results indicating improved thickness homogeneity, the LMD + SPIF
preform exhibited cracks in the LMD surface and eventual fracture in the 60◦ wall angle
section. In comparison, the SPIF part without LMD tailoring failed in the 80◦ wall angle
section. Further analysis of the LMD + SPIF part is planned to better understand the cause
of this failure with the goal of optimising the hybrid SPIF + LMD process.

4. Summary and Conclusions

The aim of this work was to generate a LMD tailored preform with variable thickness
to mitigate thinning, a common defect in room temperature SPIF of titanium parts with high
angled walls. An initial material study of a LMD tailored CP-Ti50A sheet with localised
thickening was performed. Following this, SPIF was performed on a LMD tailored CP-
Ti50A preform sheet. To facilitate the hybrid LMD + SPIF process a modular fixture was
designed to constrain the tailored titanium sheet during LMD, post-processing, and SPIF.

The main findings of this work are summarised below:

• Microstructural analysis of the LMD tailored material showed distinct regions across
the thickness of the material sample. This consisted of the LMD deposited layer, a
HAZ interface zone and the non-transformed substrate material.

• EBSD analysis of the LMD tailored material showed grain growth in response to LMD.
Fragmentation of large grains was observed with intragranular LAB misorientations
and fully enclosed HAB grains.

• Isotropic mechanical properties were observed in the LMD tailored material in contrast
to the anisotropic properties of the A-R CP-Ti50A sheet. The LMD build height
appeared to have little influence on strength. As such, an SPIF preform can be designed
without significant consideration of directionality, or concerns about the thickness of
LMD material. The results indicate LMD reinforcement reduces material ductility and
lowers formability of CP titanium.
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• In-situ DIC analysis during tensile testing showed the LMD build geometry to alter
effective strain distribution across the sample surface, with surface strain propagating
parallel to the LMD beads. This differs from the homogeneous spread of surface strain
across the A-R samples.

• Fractography analysis of the LMD thickened material fracture face showed a popu-
lation of dimples and fine microscopic cracks, accompanied by large equiaxed voids
with internal coalesced microscopic voids. No delamination of the deposit layer was
evident suggesting good cohesion between the LMD layer and substrate.

• Microhardness values measured across the tailored material were statistically equal
despite the difference in LMD build thickness.

• LMD tailoring was seen to achieve greater homogeneity in the SPIF part, however the
part failed during forming the 60◦ wall angled section.

The result of this study indicates tailoring preforms with variable thickness offers
a potential route to optimise room temperature SPIF of titanium parts. However, issues
regarding this hybrid process have been discovered which must be addressed. One such
issue is the limited formability of the LMD tailored material which limits the achievable
wall angle for the SPIF part. A subsequent quality assessment and analysis of the fracture
modes of the final sheet part is planned.
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Abstract: Metal injection molding (MIM) is an advanced manufacturing technology that enables
the mass production of high-performance and complex materials, such as the Ti-6Al-4V alloy. The
determination of the size change and deformation of the Ti-6Al-4V alloy after the sintering process is
challenging and critical for quality control. The numerical simulation could be a fast and cost-effective
way to predict size change and deformation, given the large degrees of freedom for the sintering
process. Herein, a finite element method based on the thermal-elastic-viscoplastic macroscopic model
is developed to predict the shrinkage, deformation, relative density, and crack of injection-molded
Ti-6Al-4V after sintering, using the Simufact software. Excellent agreements between experimental
measurements and numerical simulations of the size and deformation are demonstrated (within a 3%
error), confirming the accuracy of the numerical model. This approach can serve as a guideline for
the mold design and sintering optimization of the MIM process.

Keywords: Ti-6Al-4V alloy; metal injection molding; numerical simulation; sintering process

1. Introduction

The Ti-6Al-4V alloy has advantages, including its low density, high strength, good
biocompatibility, and excellent heat and corrosion resistance, as well as being non-magnetic
and luxurious [1]. Such superior features promote its applications in various fields, such
as aerospace, transportation, chemical, medical, and wearable industries [2–4]. Due to the
relatively low thermal conductivity (about 1/5 of iron) and Young’s modulus (about half of
iron) [5–7], the Ti-6Al-4V alloy is difficult to be processed by traditional methods, such as
machining or forging. As one of the state-of-the-art advanced manufacturing technologies,
metal injection molding (MIM) has become the major manufacturing technique for complex
Ti-6Al-4V materials, with a relatively low-cost and near-net-shape process [8–14]. MIM
combines the shape-making complexity of plastic injection molding with the material
flexibility of powder metallurgy, which is composed of four sequential steps: mixing,
injection molding, debinding, and sintering [15,16].

Sintering is one of the key processes for MIM that determines the accuracy and
performance of the materials. It is a thermal process below the melting point of the
main constituent, which could facilitate particle bonding through solid-state diffusion
that increases structural strength and density and reduces system energy [17–20]. The
sintering phenomenon involves particle fusion, volume reduction, porosity reduction, and
grain growth. This process is largely influenced by multiple factors, including particle
size, particle shape, composition, initial density, heating rate, sintering peak temperature,
sintering holding time, sintering pressure, sintering atmosphere, etc. [21–23]. For instance,

Materials 2022, 15, 8109. https://doi.org/10.3390/ma15228109 https://www.mdpi.com/journal/materials
79



Materials 2022, 15, 8109

the brown part before sintering is a porous packing of loose powder held together by
weak surface bonds with initial porosity of ~35% to 50%. During sintering, the individual
particles fuse to create a dense, strong monolithic part, which undergoes a large shrinkage
during the sintering process, generally 10% to 20% [24].

Because of the large shrinkage in the sintering process, determination of the size change
and deformation is necessary yet challenging for industrial mass production to produce
the materials in near-net-shape and high quality. Given the complexity of the parameter
space for the sintering process, as compared to the conventional trial and error method,
numerical simulation of the sintering stage could be a fast and cost-effective alternative
to predict the size change and deformation [25]. This could enable the accurate design of
the furnace and sintering parameters (sintering temperature, heating rate, etc.) towards
customized products with controlled quality while largely minimizing the experimental
time and cost. Currently, there are different methodologies to model sintering processes,
including continuum, micromechanical, multiparticle, and molecular dynamics approaches,
which cover multiple length scales. Among these methodologies, continuum models, such
as finite element analysis, could predict relevant attributes, such as shrinkage, deformation,
and density profile, at a relatively large length scale [26–30]. Nosewicz et al. [31] presented
a viscoelastic model of powder sintering developed within the discrete element framework.
This model has been applied to simulate the free and pressure sintering process of Ni-Al.
Mohsin et al. [18] used a finite element (FE) method based on a thermo-kinetic model to
describe the densification process of MIM copper during sintering. The research focused
on measuring thermos physical properties and numerical simulation associated with the
sintering process. Furthermore, some enhancements were suggested in the temperature
field calculation of the FE model to mimic a real furnace condition. Jeong et al. [32]
developed a unified model for describing compaction and sintering based on plasticity
theory. A method for predicting the final dimensions of a powder material was proposed.
The proposed model simulated the powder process continuously and simultaneously and
was more effective than previous models that treat compaction and sintering separately.
Kwon et al. [16] studied the simulation of the sintering densification and shrinkage behavior
of powder-injection-molded 17-4 PH stainless steel. The predictive capability of the model
was verified by comparing the theoretical calculations with the experimentally observed
variation in sintering shrinkage of the samples determined by dilatometry. Sahli et al. [21]
studied the sintering of micro-parts using the powder injection molding process, with
numerical simulations and experimental analysis. They concluded that the FE simulation
results had better agreement with the experiments at high temperatures. Although the
finite-element-based continuum simulation method has been widely employed in the
modeling of the sintering process, there are barely studies on the numerical simulation
and experimental analysis of the Ti-6Al-4V sintering process by MIM. As compared to
other metal materials, Ti-6Al-4V by MIM has lower maturity, higher experimental cost, and
greater difficulty in densification and dimensional control; the integrated theoretical and
experimental understandings for the sintering process of injection-molded Ti-6Al-4V is,
thus, greatly needed.

Herein, we aim to simulate the shrinkage, deformation, relative density, and crack of
the injection-molded Ti-6Al-4V after sintering, using the finite element method. Thermo-
elasto-viscoplastic constitutive law based on continuum mechanics was employed to de-
scribe the sintering process. Numerical simulations of the Ti-6Al-4V round and elongated
specimens were carried out with the Simufact software and compared with experimental
results. It is shown that our finite-element-based sintering model could accurately predict
the densification behaviors of the specimens (within a 3% error, as compared to the experi-
mental data). This study can serve as a guideline and example for the mold design and
sintering optimization of the MIM process towards industrial applications.
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2. Methods

The working flow of this research is shown in Figure 1. Numerical simulation and
experiment of Ti-6Al-4V sintering by MIM were carried out in parallel to do a point-
by-point comparison. For numerical simulation, based on the continuum mechanics
theory, a macroscopic sintering model based on the viscoplastic constitutive law (details
given in Section 3) was established first, and then the parameters for Ti-6Al-4V were
determined. Finally, the numerical simulations for the Ti-6Al-4V round specimen and
elongated specimen were carried out. The FE method is a numerical computational method
for solving a system of differential equations through approximation functions applied
to each element, called domain-wise approximation. This method is very powerful for
the typical complex geometries encountered in powder metallurgy. The factors affecting
the sintering shrinkage and deformation of MIM parts, such as gravity, friction, and
temperature, were analyzed [26]. Simufact software with a sintering module was used
for the FE simulation to avoid unnecessary cost and time expenditures and improve
materials quality [33].

 
Figure 1. Schematic diagram of the workflow in this study.

On the other hand, Ti-6Al-4V was sintered experimentally using MIM. High pure
atomized Ti-6Al-4V powder (Avimetal PM, Beijing, China) with a spherical shape was used
as the raw material in this study. The feedstock was prepared with a polyformaldehyde
(POM) -based binder system. The green parts were injected into an injection molding
machine (NEX80IIIT, NISSEI, Nagano-ken, Japan) at a maximum injection pressure of
130 MPa. The injection temperatures from barrel to nozzle were 50 ◦C, 170 ◦C, 180 ◦C,
185 ◦C, 190 ◦C, and 195 ◦C. Catalytic debinding was performed in a catalytic debinding
furnace (STZ-400L-OA, Sinterzone Company, Shenzhen, China) at 130 ◦C for 7 h with nitric
acid as the catalytic medium. This process was mainly used to remove POM. Thermal
debinding was performed in a graphite furnace (VM40/40/150, Hiper, Ningbo, China) at
700 ◦C for 2.5 h to remove the backbone binder. The sintering process was performed at
1100 ◦C for 6 h in a vacuum sintering furnace (pressure < 10−3 Pa, VM42/45/125, Hiper,
Ningbo, China). The sintering curve of Ti-6Al-4V is shown in Figure 2. The density of
product specimens was measured by the Archimedes method with deionized water. The
relative density was calculated as the ratio of the measured density to the theoretical density.
Dimension was measured by vernier caliper.
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Figure 2. A typical sintering curve for Ti-6Al-4V.

Eventually, the numerical simulation and experiment results were compared apples to
apples to verify the correctness of the sintering model.

3. Constitutive Model of Sintering Process

3.1. Principle

The sintering process provides energy to bond the individual powder particles together
to eliminate the pores between particles. The sintering process can be divided into three
stages: (1) aggregation of the particles and disappearance of the borders begin to produce a
neck in the points of contact between particles. Grain boundaries are formed between two
adjacent particles in the contact plane. The centers of particles are only slightly closer with
very low shrinkage. (2) Pores are reduced due to the growth of the neck. These pores are
reorganized and interconnected like a cylindrical channel to maximize the contact between
the particles. The grain growth takes place later in this stage. (3) Pores are closed, isolated,
and located principally at the boundaries or within the grains. This step is much slower
than the first two stages. Additionally, the densification rate becomes slow and the grain
growth is more evident [22].

The brown part composed of powders and pores after debinding is considered as
a compressible continuum media in the macroscopic model. This porous particle has
high surface energy, and, as the temperature increases, the movement of atoms intensi-
fies, which decreases the surface energy. A viscoplastic constitutive law is adopted to
describe the densification behavior of powders. In addition, the effects of elasticity and
thermal expansion are taken into account. The densification process of sintered materials
is affected by the evolution of the temperature field [34]. During the sintering process,
elastic strain, thermal strain, and elastic–plastic strain are affected by the temperature
change. Diffusion process, grain growth, creep, surface tension effect, gravity, friction, and
thermal dependence are considered in the sintering process, with the coupling of several
thermo-mechanical phenomena.

3.2. Thermo-Elasto-Viscoplastic Constitutive Law

Thermo-elasto-viscoplastic constitutive law is employed to describe the sintering
process. The total strain rate

.
ε consists of three parts: elastic strain rate

.
εe, thermal strain

rate
.
εth, and viscoplastic strain rate

.
εvp, i.e., [35]

.
ε =

.
εe +

.
εth +

.
εvp (1)
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The elastic strain rate and thermal strain rate are due to the change in furnace temper-
ature [36]. The elastic strain rate is assumed to be linear and isotropic and can be expressed
with Hooke’s law [22]:

.
σ = ke

.
εe (2)

where
.
σ is the stress rate and ke is the elastic stiffness matrix while the thermal strain rate

caused by thermal expansion can be expressed as [21]:

.
εth = αΔ

.
TI (3)

where α is the material thermal expansion coefficient, Δ
.
T is the temperature change rate,

and I is the second order identity tensor.
When the temperature exceeds a certain transition temperature, viscoplastic strain

instead of elastic strain dominates the sintering process, and the specimen begins to den-
sify. Viscoplastic strain refers to the creep of materials at high temperature due to grain
boundary diffusion and lattice diffusion [17]. According to the linear viscoplastic theory,
the viscoplastic strain rate can be expressed as [34]:

.
εvp =

σ′

2Gp
+

tr(σ)− 3σs

9Kp
I (4)

where σ is the stress tensor in sintered materials, tr(σ) is the trace of the stress tensor,
σ′ is the deviatoric stress tensor, σs is the sintering stress, and Gp and Kp are the shear
viscosity modulus and bulk viscosity modulus of the material, respectively. The first
term on the right side of the equation determines deformation during sintering, and the
second term that is originated from the hydrostatic stress determines the volume shrinkage
during sintering [26].

Sintering stress, which changes with the evolution of microstructure during dif-
ferent sintering stages, is the driving force for densification due to interfacial energy
reduction [16,24]. Initially, the sintering stress is related to the particle size and sintering
neck size in the early stage. Then, the pores in the sintered part are interconnected and
cylindrical, so sintering stress is related to the curvature of the pores. Finally, the grains
grow up rapidly, and the pores are located at the intersection of grain boundaries. Sintering
stress depends on the size of grains and pores. Since shrinkage mainly occurs in the middle
stage of the sintering process where the grain growth is not obvious, the following equation
can be used to approximate the sintering stress [35]:

σs =
Cρ2

rp
(5)

where rp is the radius of powder, ρ is the density of the sintered material, and C is a material
parameter, which is a function of surface free energy.

Both shear viscosity modulus and bulk viscosity modulus depend on relative density,
temperature, and microstructural factors, such as grain and pore size [16,22]. The shear
and bulk viscosity modulus for the sintered materials are defined as the following [21,24]:

Gp =
ηp

2
(
1 + υp

) (6)

Kp =
ηp

3
(
1 − 2υp

) (7)

where ηp and υp are the uniaxial viscosity and viscous Poisson’s ratio of the material,
respectively [17].
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3.3. Steady Creep Law

Creep is considered the major source for the viscoplastic behavior [37]. Steady-state
creep rate, which is affected by material properties and environment, is the most important
index to evaluate the creep resistance of materials at high temperatures. It is generally
expressed in terms of an Arrhenius-like relation [38]:

.
εs = Aσnexp

(
− Q

RT

)
(8)

where
.
εs is the steady-state strain rate (s−1), A is the pre-exponential constant, Q is the

creep activation energy, R is the gas constant, σ is the applied stress (in Pa), n is the stress
exponent, and T is the temperature.

3.4. Relative Density

In a sintering process, particles connect and fuse together while the pores among the
particles reduce gradually. Macroscopically, the sintered parts shrink with the volume
reduction and increase in the density. The change of relative density during sintering
conforms to the mass conservation law, where the mass of the powder conserves with the
gradual disappearance of the pores in the brown parts [34]:

.
ρ = −ρtr

( .
ε
)

(9)

where tr
( .
ε
)

is the trace of total strain rate.

3.5. Friction

Friction acts as an obstacle to shrinkage, and the greater the friction, the less sufficient
the shrinkage. The friction ( f ) can be expressed as:

f = μN (10)

where μ is the sliding friction coefficient, which is related to the material and contact surface
roughness; N is the positive pressure. If N is in the vertical direction, it equals the gravity.

4. Simulation

Commercially available software Simufact (https://www.simufact.com/, accessed
on 20 September 2022) was used for numerical simulations in this study, based on the
above models.

4.1. Parameter

To simulate the process, it is necessary to specify the basic properties of the material,
which are temperature-dependent [22,33]. Most of the material parameters for Ti-6Al-4V
are already predefined by the software vendor. The properties for Ti-6Al-4V used in the
simulation are tabulated in Table 1. Powder distribution is considered homogeneous.

Figure 3 shows the additional physical properties of Ti-6Al-4V used for the simulations.
As shown in Figure 3a, as the temperature increases from room temperature, the thermal
conductivity increases almost monotonically from 5 W/(m·K) to 35 W/(m·K), which is
consistent with the previous report [39], while due to the thermal expansion, the density of
Ti-6Al-4V decreases slightly with increasing temperature (Figure 3b). Notably, the density
plateau around 985 ◦C can be attributed to the α + β ↔ β phase transformation. Whereas
the Young’s modulus gradually decreases with the increase in temperature, owing to the
softening of the material at elevated temperatures, as shown in Figure 3c. The mechanical
response of Ti-6Al-4V is expressed through flow stress curves at different temperatures
(from 20 ◦C to 1600 ◦C), which is presented in Figure 3d. The material is easier to deform
with the decrease in flow stress at higher temperatures.
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Table 1. Materials parameters for Ti-6Al-4V used in the simulation.

Menu Parameter Value Unit

General properties Gravitational acceleration 9.8 m/s2

Initial relative density 60.1 %
Friction coefficient 0.3 -

Pre-exponential constant 2.36 × 10−36 1/(Pa·s)
Creep activation energy 277 kJ/mol

Gas constant 8.31 J/(mol·K)
Thermal properties Specific heat capacity 540 J/(kg·K)

Melting temperature 1640 ◦C
Latent heat for melting 419 J/g

Thermal expansion coefficient 8.84 × 10−6 1/K
Mechanical properties Ultimate strain 12 %

Stress exponent 5.64 -
Poisson’s ratio 0.34 -
Yield strength 941 MPa

Tensile strength 1000 MPa

Figure 3. Physical properties of Ti-6Al-4V used in the simulations. (a) Thermal conductivity, (b) den-
sity, (c) Young’s modulus, and (d) flow curves.

4.2. Round Specimen Simulation

As shown in Figure 4, a round specimen is selected for the first simulation. The
numerical simulation aims to predict the density variations and shrinkages of the 3D speci-
mens in sintering. The dimension of the ceramic plate is set as 100 mm × 100 mm × 2 mm
(Figure 4a), and the round specimen is placed on top of a ceramic plate. It can be observed
that after sintering, the round specimen shows a negative/positive displacement on the
center/edge (Figure 4b), indicating a central symmetrical shrinking of the sample from the
center of the sample. This can be understood given that the center of the round specimen
is the gate for injection. As shown in Figure 4c, the relative density of the specimen is
about 95.26%, and the sintering process makes the final density of sintered specimen almost
uniform. The uniformity of sintered density is also related to factors, such as green density
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distribution, specimen shape, and sintering temperature field. A slightly lower density
can be seen in the center of the round specimen that could be due to the pull effect from
surrounding positions during sintering.

 

Figure 4. Simulation of round specimen for Ti-6Al-4V. (a) Layout, (b) total displacement, and
(c) relative density.

The parameter comparison of the round specimen for Ti-6Al-4V is presented in Table 2.
The errors are very small for dimension and density, which means the simulation values
are in good agreement with the experimental measurements. Since the density simulation
comprehensively considers the shrinkage in different directions, the density error is rela-
tively larger than that of the dimension. Due to the regular shape of the round specimen, it
exhibits linear shrinkage during sintering.

Table 2. Parameters comparison for round specimen of Ti-6Al-4V.

Parameter Before Sintering
Experiment

after Sintering
Simulation

after Sintering
Error

Diameter (mm) 34.80 29.78 29.90 0.4%
Thickness (mm) 2.91 2.48 2.49 0.4%

Relative density (%) 60.10 97.80 95.26 −2.6%
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4.3. Elongated Specimen Simulation

As shown in Figure 5, elongated specimens were carried out for the second simulation.
There are two sintering modes, one is laid flat on the ceramic plate (Figure 5a) and the other
is supported by ceramic blocks on both ends (Figure 5b). The overall length, width, and
thickness of the green specimen are 114 mm, 23 mm, and 3.8 mm, respectively. For the
second sintering mode, the span between ceramic blocks is 80.7 mm.

Figure 5. Elongated specimen of Ti-6Al-4V. (a) Laid and (b) supported.

Properties of the elongated specimen for the laid Ti-6Al-4V are shown in Figure 6. The
gray and colored contours in Figure 6a represent the specimen before and after sintering,
respectively. During thermal debinding and sintering, binder elimination and subsequent
particles bonding take place, resulting in the dimensional change of the MIM parts. Com-
pared with the green part, the dimensional change after debinding was not noticeable
whilst the dimensional change after sintering was clearly evident [36,40]. The shape of the
elongated specimen is more complex than that of the round specimen, which has multiple
shrinkage centers during sintering, resulting in a higher nonlinearity of shrinkage. The
variations in particle size, composition, mold wear, furnace temperature distribution, and
other factors, such as reactions between particles during sintering, all affect the dimensional
control of the MIM parts [26]. It can be seen that the simulated and experimental values
have good consistency in length, width, and thickness direction (Figure 6b), which shows
the accuracy of the numerical simulation. The final density is depicted in Figure 6c, which
shows an almost homogenous distribution with a value of ~95.4%. In some cases, cracks
can be formed in the sintered specimen due to the high thermal or stress gradients. In this
study, no crack was found in the simulations (Figure 6d) or experiments, which shows that
the rationality of the sintering curve had well-designed heating and cooling rates.

The deformation of the elongated specimen for the supported Ti-6Al-4V from the
simulation and experiment is also shown in Figure 7. The gray and colored contours in
Figure 7a represent the specimen after thermal debinding and sintering from simulation,
respectively. On the other hand, Figure 7b,c show the experimental results of the specimen
after thermal debinding and sintering, respectively. It is discovered that the specimen
has almost no deformation and shrinkage after thermal debinding. For specimens after
sintering, the farther away from the support block, the greater the deformation, which is
due to the effect of the gravity. A maximum deformation of 9.26 mm can be observed after
sintering, consistent with the experimentally measured value of 9.01 mm, giving rise to a
relative error of only ~2.8%, showing the accuracy of the numerical model. In the sintering
process, the specimen bended due to its own gravity. According to Equation (4), shrinkage
in the sintering process depends on the ratio of sintering stress and bulk viscosity modulus,
while the sintering deformation depends on the shear viscosity modulus. Shrinkage can be
simulated with greater accuracy than that of deformation.
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Figure 6. Properties of the elongated specimen for laid Ti-6Al-4V. (a) Total shrinkage, (b) shrinkage
along different directions, (c) relative density, and (d) crack.

Figure 7. Deformation of elongated specimen for supported Ti-6Al-4V. (a) Numerical simulation,
(b) specimen after thermal debinding, and (c) specimen after sintering.
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MIM specimens reach very low strength levels during sintering. Accordingly, weak
forces, such as gravity, friction, and non-uniform heating, induce deformation [26]. Since
gravity only acts on the vertical direction, the specimen shrank unevenly and deformed in
the sintering process. The effect of gravity on the shrinkage and deformation of sintered
specimens is related to the size of the specimen and the type of ceramic block used in
sintering. At the same time, the friction between porous specimens and ceramic blocks also
led to the sintering deformation. The deformation of the specimen results in the change
of stress distribution in which the compressive stress is beneficial to the densification of
sintering, while the tensile stress is contrary.

The experimental relative density is very close to the simulated value, whether laid
or supported. Interestingly, the experimental values of sintered density are slightly larger
than the simulated ones, which is understandable given that the simulation is carried out
under ideal vacuum conditions, where only the role of thermal radiation is considered.
Although there is still appropriate heat conduction and convection, in addition to thermal
radiation experimentally, the specimen is subjected to more heat action with an additional
heat source.

5. Conclusions

In conclusion, we have developed an FE method based on the thermal-elastic-viscoplastic
macroscopic model to predict the shrinkage, deformation, relative density, and crack of
injection-molded Ti-6Al-4V after sintering, using the commercially available Simufact
software. Experiments were simultaneously carried out to justify the accuracy of the
sintering model and simulation method. The results showed a good agreement (within a
3% error) between the experimental measurements and numerical simulations. The slightly
larger sintered density and shrinkage in the experiment than those in the simulation are
due to additional thermal convection and conduction during the sintering experiments.
The deformation was affected by gravity, friction, specimen shape, and support mode. This
approach can serve as a guideline for mold design and sintering optimization and could
be extended to other MIM materials while a follow-up study on the influence of sintering
temperatures and material’s compositions is needed to further extend this method.
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Abstract: Magnesium sheet metal alloys offer a deformation asymmetry, which is strongly related to
grain size and texture. In order to predict deformation behavior as well as to provide methods to elim-
inate anisotropy and yield asymmetry, a lot of effort is invested in studying the tension–compression
asymmetry of magnesium alloys. However, only a few studies deal with the characterization of
the yield asymmetry of magnesium wrought alloys, especially Ca-containing alloys, related to tem-
perature and strain. In this study, the orthotropic behavior of a twin-roll-cast, homogenized, rolled
and finish-annealed Mg-2Zn-1Al-0.3Ca (ZAX210) magnesium alloy was investigated by tensile test-
ing at room temperature, 150 ◦C and 250 ◦C. The r-values were determined and the Hill’48 yield
criterion was used for the constitutive formulation of the plastic yielding and deformation. The
yield loci calculated using Mises and Hill’48 as well as the determined r-values reveal an almost
isotropic behavior of the ZAX210 alloy. The r-value increases with increasing logarithmic strain. At
0.16 logarithmic strain the r-values at room temperature vary between 1 (0◦) and 1.5 (45◦ and 90◦).
At higher temperatures (250 ◦C), r-values close to 1 at all tested directions are attained. The enhanced
yield asymmetry can be attributed to the weaker basal texture that arises during hot rolling and
final annealing of the twin-roll-cast ZAX210 magnesium alloy. In comparison to AZ31, the ZAX210
alloy shows a yield behavior close to transversal isotropy. Finally, responsible mechanisms for this
behavior are discussed.

Keywords: orthotropic; anisotropy; yield loci; Hill; Lankford; localization; AZ31; magnesium; sheet

1. Introduction

The use of magnesium alloys has a positive impact on energy efficiency in the auto-
motive and aerospace industries. In order to promote the industrial use of magnesium
materials produced by forming technology, one focus of research in recent years has been
on the development of magnesium alloys with improved formability. Sheet metal forming
processes with multiaxial loading are used for manufacturing large-area products in mass
production with tailored mechanical and technological property profiles. In order to de-
scribe the hardening behavior, for example as a basis for forming simulation, it is necessary
to establish a suitable flow criterion. The basis for this is provided by investigations of
magnesium sheets under biaxial loading to support the selection of the anisotropic yield
criterion parameters [1,2].

The anisotropic nature of the hexagonal closed-packed structure of conventional
magnesium alloys leads to the formation of strong basal textures during deformation
or thermomechanical processing. Related studies have shown that these textures are
mainly responsible for the formation of yield asymmetry, since during the deformation
parallel to the c-axis is the formation of tensile twinning of the dominant deformation
mechanism [3–6]. Davis et al. (2019) [3] showed the most effective strategies to reduce yield
asymmetry and anisotropy by texture weakening and solid solution strengthening in Mg-Y
alloys. Comparable effects were demonstrated by Kamrani and Fleck (2014) [5], showing
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that a pronounced weakening of the texture in ZEK100 alloyed by Ca goes along with a
reduced yield asymmetry. Dobron et al. (2018) [7] describe that the formation of extension
twins during extrusion along the extrusion direction leads to a significant reduction in the
compressive yield strength, while the tensile yield strength is not influenced. The authors
reveal that this behavior is related to twinning activity in the ZX10 magnesium alloy. The
combination of pre-compression and subsequent heat treatment additionally causes the
formation of a yield plateau. According to [7], this is due to the propagation of twins
beyond grain boundaries, which is associated with the stress relaxation mechanism after
strengthening of the material by the presence of a relatively high dislocation density and
fine Mg2Ca precipitates. A comparable behavior was presented by [8] by investigating
yielding by twinning during compression of an extruded AZ31 magnesium alloy.

Calcium as an alloying element is known to weaken basal texture in magnesium
alloys [5,9,10], which may result in a reduced yield asymmetry. Nakata et al. (2018) [11]
presented a Mg-1.1Al-0.24Ca-1.0Mn magnesium alloy with improved compressive yield
stress and a small yield asymmetry after extrusion and aging treatment. The increase in
the strength was attributed to the grain size refinement and the uniform distribution of
the Guinier Preston zones by aging. The addition of Mn supports the grain refinement by
suppressing significant grain growth because of nano-scaled Mn-containing precipitates.
Investigations of Song et al. (2020) [12] revealed that torsion deformation and aging
treatment of an extruded AZ91 rod can enhance the yield strength effectively, while the
yield asymmetry is eliminated. In summary, texture weakening [6,13,14], solid solution
strengthening, grain size reduction [15] and precipitation strengthening [16,17] are effective
strategies to develop magnesium alloys with reduced anisotropy and yield asymmetry.
However, few studies address the yield asymmetry of Ca-containing magnesium alloy
sheets; in particular, properties are often presented only at room temperature, not at
elevated temperatures with coincident strain dependence.

The Mg-2Zn-1Al-0.3Ca (ZAX210) magnesium alloy was designed driven by the effort
to develop an alloy with higher formability without using expensive Rare Earth elements.
The hot rolling process leads to the formation of a fine-grained microstructure, weaker basal
texture and a lower anisotropy of the mechanical properties [18]. As mentioned above,
studies about the behavior of yield anisotropy are currently not available. As a result of the
increasing importance of the alloy for industrial applications, the orientation dependent
flow behavior of the ZAX210 magnesium alloy was investigated in order to provide basic
yield model data for the numerical simulation.

2. Materials and Methods

2.1. Materials

Twin-roll-cast, rolled and finish-annealed magnesium sheets of Mg-2Zn-1Al-0.3Ca
(ZAX210) alloy with a thickness of 1.5 mm were used for these investigations. The chemical
composition is shown in the table below (Table 1).

Table 1. Chemical composition of the ZAX210 sheets (wt.%) measured by optical emission spectrom-
etry [19].

Zn Al Ca Mn Cu Fe Ni Others Mg

2.290 0.920 <0.250 0.040 0.001 0.005 0.001 <0.045 Bal.

The sheets were produced as described in [19]. Microstructural and texture charac-
terization were performed using ZEISS GeminiSEM 450 device at the Institute of Metal
Forming, Freiberg, Germany. The accelerating voltage for electron backscatter diffraction
(EBSD) analysis was between 15 kV and 20 kV. A step size of 0.5 μm was selected. The
AZtec software was used to analyze the recorded data.
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2.2. Experimental Setup

The tensile tests to determine the LANKFORD parameters (r-values) were carried
out on the biaxial testing device BTA-840 (TA Instruments former BÄHR Thermoanalyse
GmbH, Hüllhorst, Germany) at the Institute of Metal Forming, TU Bergakademie Freiberg
(Figure 1). The system is equipped with a total of four hydraulic cylinders, which are
aligned at right angles in a cross shape on one plane and can be controlled individually. For
the uniaxial tensile test only two cylinders are required. Induction coils are installed above
and below the center of the specimen to heat the specimens. This allows a very precise
specification of temperature–time curves.

Figure 1. Biaxial testing device BTA-840 (BÄHR Thermoanalyse GmbH) at the Institute of Metal
Forming, TU Bergakademie Freiberg.

To determine the r-values, tensile specimens were produced in the rolling direction
(r0◦ ), transverse to the rolling direction (r90◦ ) and at an angle of 45◦ to the rolling direction
(r45◦ ) according to the specifications of DIN EN ISO 6892 (Figure 2). The tests were carried
out at room temperature, 150 ◦C and 250 ◦C, the feed rate of the hydraulic cylinders was
0.35 mm/s, and the heating rate was 2 K/s. For a better statistical validation, three samples
for each temperature and direction were tested. For the subsequent evaluation, cameras
were installed above the specimens to film the tensile test. A grid was applied to the surface
of the specimen to improve the detection of length and width strain.

 
Figure 2. Sample dimensions and sampling directions for the uniaxial tensile tests (dimensions
in mm).

2.3. Graphical Evaluation

Digital image correlation software, ZEISS GOM Correlate Pro, was used to determine
the deformation and calculate the r-values. To use the software, the filmed videos of the
individual tensile tests were broken down into individual frames and were uploaded
into the program. Next, virtual extensometers were placed on the specimen within the
measurement range (Figure 3). A total of three marks were used for length and five for
width. The program then measured the deformation of the individual images, the data
were uploaded into a calculation program and the r-values were calculated and output as a
function of the local logarithmic. Strain was calculated automatically.
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Figure 3. Virtual extensometer over measuring range (20 × 10 mm), GOM Correlate.

2.4. Hill’48 Yield Criterion

Hill [20] proposed a constitutive formulation for the plastic yielding and deformation
of anisotropic metals. The quadratic yield criterion is given by Equation (1):

2 f (σ) = F
(
σyy − σzz

)2
+ G(σzz − σxx)

2 + H
(
σxx − σyy

)2
+ 2

(
Lτ2

yz + Mτ2
zx + Nτ2

xy

)
= 1 (1)

where f is the yield function; σxx, σyy and σzz are the stresses in the rolling, transverse and
thickness directions; τxy, τyz and τzx, are the shear stresses in the xy, yz and zx planes,
respectively. The Hill’48 material parameters F, G, H, L, M and N are the constants that
define the anisotropy of the material. When applying this yield criterion to sheet metal, it
can be simplified under the assumption of plane stress condition (σxx = τyz = τzx = 0):

2 f (σ) = (G + H)σ2
xx + (F + H)σ2

yy − 2Hσxxσyy + 2Nτ2
xy. (2)

In this study, the identification of the anisotropy parameters for the Hill’48 model was
carried out by applying the classical approach, which uses the r-values from three uniaxial
tension tests (0◦, 45◦ and 90◦ to the rolling direction) at different temperatures:

F =
r0

r90(1 + r0)
(3)

G =
1
2

(
1 +

1 − r0

1 + r0

)
(4)

H =
1
2

(
1 +

r0 − 1
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)
(5)

L = M =
3
2

(6)

N =
3
2

(
(1 + 2r45)(r0 + r90)

3r90(1 + r0)

)
(7)

In the present work, the tension–compression asymmetry method is not used because:

(1) When the sheet metal is deep drawn, the biaxial compressive stress in the sheet metal
plane will not cause the so-called “thickening” of the sheet metal. If there is surface
compressive stress, only wrinkles are formed, which macroscopically combine to form
a larger sheet cross-section due to the high pressure in the press.

(2) In the special case of the inner bending radius, the small appearance of compressive
stress can be neglected in the modeling.

(3) The manufacturing tolerance of a cylindrical compression specimen in the plane of
the plate (direction of compression equal to direction of sheet thickness) is too large
compared to the plate with a thickness of 1.5 mm, and the calculation of the flow
curve will be accompanied by a large error.
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3. Results and Discussion

3.1. Microstructure and Texture of the Initial State

Twin-roll-cast, rolled and finish-annealed magnesium sheets of Mg-2Zn-1Al-0.3Ca
(ZAX210) alloy with a thickness of 1.5 mm were used for the investigations in this study.
Figure 4 presents the EBSD map and the texture of the ZAX210 sheets. After final annealing,
the sheets offer a microstructure with recrystallized equiaxed grains exhibiting an average
grain size of 8.3 μm (±4.0 μm). The hot rolling and final annealing lead to the formation of a
basal texture. The texture reveals for Ca-containing magnesium alloys a characteristic basal
pole split in the rolling direction (RD) as well as a broadening of the texture components
in the RD and transverse direction (TD), the latter being less pronounced. In general, the
texture components have a low intensity. The c-axis of the hexagonal cells is tilted by 35◦ to
45◦ from the normal direction (ND) to RD. The prismatic pole intensity is aligned in the
transverse direction without showing a six-fold symmetry of the maximum pole intensities
across ND. This can be attributed to the pronounced basal pole broadening in RD.

Figure 4. Microstructure and texture of the ZAX210 sheets: (a) EBSD-Map and (b) pole figures.

3.2. Variation in r-Values with Logarithmic Strain and Temperature and Hill’48 Coefficients

For the calculation of the r-values, the logarithmic strain up to the necking was used,
whereby this range becomes smaller with increasing temperature. The r-values as a function
of the local logarithmic strain are shown in Figure 4. The r-values are small (0.5 to 0.7)
during the early stage of deformation and increase with local logarithmic strain. At all
tested temperatures, there is a tendency that r90◦ > r45◦ > r0◦ . However, the difference
between r90◦ and r45◦ is very small (maximum deviation is 10%). At room temperature,
the r-value at a logarithmic strain of 0.16 is 1 (0◦) and 1.5 (45◦, 90◦), respectively. With
increasing the temperature to 150 ◦C the r-value also rises to 1.2 (0◦) and 1.5 to 1.65 (45◦,
90◦). The r-values at 250 ◦C are generally lower and reach values close to 1. The obtained
r-values are a direct result of the crystallographic texture present in the ZAX210 alloy,
combined with the relative resolved shear strengths of the slip and twinning systems.

The plane anisotropy Δr is between −0.2 and 0 at all temperatures. These values
indicate a slight anisotropic behavior in the sheet plane and lead to earing formation
at an angle of 45◦ to the rolling direction. The maximum values for the mean vertical
anisotropy rm are 1.4 for RT, 1.5 for 150 ◦C and 1.1 for 250 ◦C. This gradual increase in
r-value from the RD (rolling direction, 0◦) to the TD (transverse direction, 90◦ to RD) is
consistent with results for the AZ31 alloy from the literature, e.g., [21]. Yi et al. (2010) [22]
explain the strength dependence of the r-value in AZ31 with the tilting of the basal planes.
The more they are tilted in the direction of deformation, the more likely the activation
of <a>-dislocations of the basal system can occur and strain in the c-axis direction can be
realized, since the r-value is inversely proportional to the strain in the thickness direction.
The variation in the r-values (0◦, 45◦ and 90◦) of the ZAX210 sheets can also be explained
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by their texture (see texture of ZAX210 sheets in [18] and Figure 4). Loading in the TD is
advantageous for basal <a>-slip, since the tilted basal planes and the tilt angle is higher
in the TD than in the RD. Therefore, the yield strength of TD is lower than that of RD.
Compared with the r-value published for AZ31, the r-value close to 1 in alloy ZAX210
indicates that the cross-sectional contraction occurs isotropically, i.e., the strains in the
width and thickness directions are similar. The achievement of r-values close to 1 is due
to the activation of non-basal slip systems. Already, Duygulu et al. (2003) [23] showed in
their simulations that only the activation of additional non-basal slip systems, especially
the <c + a> pyramidal planes, leads to an increasing uniformity of the deformation, so that
the r-value drops to the value close to isotropy (r~1).

With help of the r-values, the coefficients for the Hill’48 criteria could be determined.
The graphs of the Hill’48 coefficients as a function of logarithmic strain are comparable for
all temperatures and are shown for room temperature, 150 ◦C and 250 ◦C for the ZAX210
alloy in Figure 5. The specific values of the Hill’48 coefficients at room temperature are
shown in Table 2.

Table 2. Anisotropic parameters in the Hill’48 yield function for rolled ZAX210 alloys at room tem-
perature.

Log. Strain F G H L M N

0.015 0.5079 0.6511 0.3489 1.5 1.5 1.2977
0.05 0.4043 0.5123 0.877 1.5 1.5 1.4878
0.1 0.3499 0.4724 0.5276 1.5 1.5 1.5791

0.18 0.3222 0.4872 0.5128 1.5 1.5 1.6454

3.3. Yield Loci Calculated Using Mises and Hill’48

Figure 6 shows the calculated yield loci using von Mises and Hill’48 yield functions
depending on logarithmic strain and temperature for the ZAX210 sheets. As the tempera-
ture increases, the r-values approach 1, resulting in isotropic behavior and thus Hill’48 and
Mises converge. Likewise, the influence of logarithmic strain onto the r-value decreases
with increasing temperature and almost disappears at 250 ◦C. Compared to AZ31 [24],
ZAX210 shows a significantly more isotropic behavior. In the case of ZAX210, an approxi-
mately planar isotropic material behavior at a low temperature of 150 ◦C can be assumed
even for moderately higher strains compared to AZ31.

Ultimately, it can be stated that the in-plane material flow behavior can be identified as
orthotropic with decreasing anisotropy when forming temperature is rising. In comparison
to AZ31, the ZAX210 alloy shows a yield behavior close to transversal isotropy, in particular
for higher temperatures, when additional shear planes might be assumed to be activated.

98



Materials 2022, 15, 6437

Figure 5. Variation in r-values with log. strain used to determine the material parameters for the
anisotropic yield functions and Hill’48 coefficients: (a) ZAX210 in comparison with AZ31 (data
from [24]) at RT, (b) ZAX210 at 150 ◦C, (c) ZAX210 at 250 ◦C, (d) Hill’48 coefficients for ZAX210 at RT,
(e) Hill’48 coefficients for ZAX210 at 150 ◦C and (f) Hill’48 coefficients for ZAX210 at 250 ◦C.
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Figure 6. Yield loci of ZAX210 calculated with Hill’48 considering the r-values at different logarithmic
strains, partly in comparison with Mises: (a) at room temperature, (b) at room temperature in
comparison with AZ31, (c) at 150 ◦C, (d) at 250 ◦C.

4. Conclusions

In this study the orientation dependent flow behavior of the ZAX210 magnesium alloy
was investigated in order to provide basic yield model data for the numerical simulation.
The following conclusions were obtained.

(1) The r-values are small (0.5 to 0.7) during the early stage of deformation and increase
with local logarithmic strain. At all tested temperatures, there is a tendency that
r90◦ > r45◦ > r0◦ .

(2) The obtained r-values are a direct result of the crystallographic texture present in the
ZAX210 alloy, combined with the relative resolved shear strengths of the slip and
twinning systems.

(3) The plane anisotropy Δr is between 0 and–0.2 at all tested temperatures. These values
indicate a slight anisotropic behavior in the sheet plane.

(4) The calculated yield loci using von Mises and Hill’48 yield functions depending on
logarithmic strain and temperature for the ZAX210 sheets reveal an isotropic behavior,
where Hill’48 and Mises converge and an approximately planar isotropic material
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behavior at low temperature 150 ◦C can be assumed even for moderately higher
strains compared to AZ31.

(5) The in-plane material flow behavior can be identified as orthotropic with decreasing
anisotropy at elevated temperatures.
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Abstract: In this work, we reported an unusual phenomenon of strain neutral layer (SNL) spreading
in an as-rolled AZ31B magnesium alloy sheet during V-bending. The SNL on the middle symmetrical
surface perpendicular to the transverse direction (TD) of the sheet extended to the compression
region and was accompanied by a mound-like feature. However, the SNL on the side surface
perpendicular to the TD was distributed with a parallel band feature. The underlying mechanism
was revealed by the finite element (FE) analysis. The results indicate that the three-dimensional
compressive stresses in the compression region of the bending samples were responsible for the
above phenomenon. Moreover, the area of the SNL in the middle position gradually decreased as
the bending test progressed. The findings in this study provide some new insights into the bending
deformation behavior of magnesium alloy.

Keywords: magnesium; V-bending; strain neutral layer; microstructure

1. Introduction

As a potential lightweight alternative that substitutes for aluminum and high-strength
steel alloys, magnesium (Mg) alloys have been greatly developed in recent decades [1–4].
However, their inherent hexagonal close-packed (HCP) structure would restrict the number
of activated slip systems at room temperature (RT) [5,6]. In addition, as one of the most
important products of wrought Mg alloys, the sheets prepared by extrusion and rolling
always exhibit a strong basal texture [7–9]. These factors result in the low formability of Mg
alloy sheets at RT, which greatly limits the wide industrial application of Mg alloys [10–12].
Therefore, how to improve the formability of magnesium alloys has become a meaningful
and urgent topic. During sheet forming, such as deep drawing and hemming, the material
at the corner of the part undergoes bending deformation [13,14]. Therefore, bendability is
an essential indicator that represents the formability of Mg alloy sheets. The evaluation and
improvement of the bendability of Mg alloy sheets has attained adequate attention [15–21].

During the bending process, there exists a stress gradient through-thickness direction
of the bending samples. The tensile stress is distributed in the outer region, while compres-
sive stress is distributed in the inner region of bending samples [17,19,22]. Additionally,
the bending samples can be divided into three parts along the thickness direction accord-
ing to the different strain states, namely compressive strain region (CSR), strain neutral
layer (SNL) and tensile strain region (TSR) [17,23,24]. A lot of efforts have been made to
investigate the evolution of SNL during the bending of magnesium alloy. For example,
Li et al. [16] demonstrated that the SNL tended to first shift toward the outer tensile region,
and then shift toward the inner compressive region during the three-point bending of Mg
alloy sheets, which is mainly attributed to the asymmetric response of the Mg alloy in
tension and compression. Wang et al. [25] investigated the evolution of springback and
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neutral for AZ31 magnesium alloy by V-bending tests. The results indicate that the SNL
shifted to the tension zone of the sample. The offset of SNL decreased with increasing
the bending temperature because of the weakening of asymmetry between the tensile and
compressive regions. Huang et al. [26] also found that the SNL of the AZ31 magnesium
alloy sheet shifted toward the tension region during the V-bending at the temperature
of 150 ◦C. Bai et al. [27] reported that the greater the shift of the neutral layer during the
V-bending of the AZ31/Mg-Gd laminated composite sheet, the higher the strain on the
outer layer, which makes the sample more prone to fracture. Most of the current studies
focus on the shifting of SNL along the thickness direction during the bending. However,
the importance of the morphology of SNL is ignored.

The present study observed an unusual phenomenon about the SNL spreading toward
the CSR during the V-bending test of AZ31B Mg alloy. Optical microscopy (OM) and
finite element (FE) analysis were utilized to investigate the morphology and stress state
of the bending samples. It was found that the three-dimensional compress stresses were
responsible for the SNL expansion. The underlying mechanisms are discussed based on
the FE simulation results.

2. Experiments and Simulations

The material used in this study was a hot-rolled AZ31B sheet with a thickness of 3 mm.
Tables 1 and 2 present the chemical compositions and tensile properties along the rolling
direction (RD) of the sheet, respectively. Bending samples were machined into strips with
the dimension of 50 mm × 12 mm × 3 mm from the as-rolled sheets along the RD. The
V-bending test was operated on a universal testing machine (Instron 5985, Boston, MA,
USA) at a speed of 1.5 mm/min. The distance between the two supports of the bending
tooling was 32 mm. The die angle was 60◦, and the radius of the punch was 2 mm. The
texture of the as-rolled sheet was examined by the Electron Back-Scattered Diffraction
(EBSD, NordlysMax2, Oxford, UK) technique. The microstructures of bending samples
were characterized by the optical microscope (OM, ZEISS Axiovert 40 MAT, Oberkochen,
Germany). The normal direction (ND)–rolling direction (RD) surfaces of the samples for
EBSD and OM measurement were mechanically ground and polished. Thereafter, the OM
sample was etched with a solution composed of 1.5 g picric acid, 5 mL acetic acid and
25 mL ethyl alcohol. The EBSD sample was electrochemically polished with the electrolyte
AC2 at a voltage of 20 V and a temperature of −25 ◦C for 90 s.

Table 1. Chemical compositions of the AZ31B Mg alloy.

Elements Al Zn Mn Mg

Content (wt.%) 2.87 0.87 0.21 Bal.

Table 2. Tensile properties along the RD of the AZ31B Mg alloy sheet.

Yield Strength (MPa) Ultimate Tensile Strength (MPa) Elongation (%)

153 303 19.7

FE simulations were performed by the commercial software Deform 3D to analyze
the distributions of stress and strain during the V-bending (Figure 1a). In the FE model,
the bending sample was regarded as a rigid–plastic body, while both the punch and die
were set to be rigid bodies. The bending sample was meshed into tetrahedral elements,
and the number of elements was 50,000. The Coulomb friction model was employed at the
interface between the sample and tooling, and the friction coefficient was set to 0.3 [28].
The stress–strain data obtained through the tensile test along the RD were input into the
model for calculation (Figure 1b).
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Figure 1. FE model of the V-bending (a) and stress–strain data used in the FE simulation (b).

3. Results and Discussion

3.1. Bending Behavior of the As-Rolled AZ31 Sheet

The initial microstructures of the as-rolled AZ31 sheet are shown in Figure 2a. The
completed recrystallized grains are observed, and the average grain size is ~12 μm. In the
(0002) pole figure, the c-axis of numerous grains are parallel to the ND of the sheet, and
the maximum pole intensity is about 12.1 M.U.D (Figure 2b). The typical basal texture
is usually formed during the rolling of the Mg alloy [29,30]. Tam et al. [31], for example,
also found a strong basal texture with the c-axis of most grains parallel to the ND in the
rolled AZ31 sheet. The bending load–stroke curve and the corresponding image of the bent
sample are shown in Figure 2c,d, respectively. The bending load increases sharply in the
initial stage, corresponding to the elastic deformation of the Mg alloy. With further increase
in the stroke, the load rises slowly and reaches the peak value due to the work hardening
during the plastic deformation. Thereafter, the load is gradually reduced until the test
is stopped when the fracture occurs. The maximum stroke before cracking arrived at
3.0 ± 0.2 mm, and the final bending angle is 136 ± 3◦. Furthermore, the cracks are located
at the middle position of the outer tensile region, as shown in Figure 2d.

3.2. Microstructure Evolution during Bending

Figure 3 shows the microstructures when the bending test is interrupted at the punch
stroke of 1.5 mm. The OM images of the side surface (position I in Figure 3i) of the
sample are presented in Figure 3a–d. Figure 3e–h reveals the OM images on the middle
symmetrical surface (position II in Figure 3i) perpendicular to the transverse direction (TD).
In the TSR, a large number of deformation bands (marked with red arrows) is observed
(Figure 3e). Twinning morphologies (marked with green arrows) appear frequently in
the CSR (Figure 3b). Furthermore, the SNL without deformation bands or twinning
morphologies is located between the TSR and CSR (see Figure 3c). For the as-rolled Mg
alloys with strong basal texture, it is widely accepted that the slip dominates the tensile
strain, and the {10−12} extension twinning dominates the compressive strain during the
bending process. The reason for this phenomenon is that tensile stress in the TSR is
perpendicular to the c-axes, which is favorable for the activation of basal and prismatic <a>
slips. The {10−12} extension twinning is more likely to be activated under the compression
stress state in the CSR [19]. Bai et al. [27] found that extension twinning was activated in the
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CRS during the bending of the AZ31/Mg–Gd-laminated composite sheet. In the research
of Tang et al. [18], a lot of twinning bands were observed in the CSR during the four-point
bending of the extruded AZ31 plate, while few twinning bands were formed in the TSR.
The phenomena observed in the current study are consistent with previous studies.

 

Figure 2. Results of EBSD measurement and bending experiment: (a) IPF coloring map, (b) (0002)
pole figure of the as-rolled AZ31 alloys sheet, (c) bending load-stroke curve and (d) images of the
bent sample.

Comparing the microstructures at position I and position II, the number of deform
bands in the TSR of position II is significantly more than that of position I, which means
that the tensile strain at position II is more severe than that at position I under the same
punch stroke. The formation of deform bands during the plastic forming of the as-rolled
Mg alloy sheets has been reported in many studies. The possible formation mechanisms of
these deform bands have been proposed to be related to twinning-induced shear banding
(TISB) [32,33] and weak texture-induced shear banding (WTISB) [34–36]. The boundaries of
SNL are highlighted by the red dotted lines, as shown in Figure 3a,e. The SNL morphologies
in these two positions are markedly different. In position I, the boundaries of SNL in
Figure 3a are nearly parallel with each other, which is in the region between the CSR and
the TSR. This phenomenon is consistent with the results reported by Lee et al. [13], Singh
et al. [37] and Jin et al. [23]. For example, Lee et al. [13] observed the side surface of the
bent sample using an optical microscope and also found that the boundaries of SNL are
nearly parallel with each other. The SNL boundary extends to the compressed region in
position II, as shown in Figure 3e. Compared with the position I, the SNL in position II is
mound-like, which has never been reported before.
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Figure 3. Optical micrographs (a–d) of the side surface (position I in Figure 3i) and (e–h) middle
symmetrical surface (position II in Figure 3i) perpendicular to the transverse direction (TD) of the
sample when the bending test interrupts at the punch stroke of 1.5 mm and (i) schematic diagram of
the bending sample.

Figure 4 shows the microstructures when the bending test is interrupted at the punch
stroke of 3.0 mm, in which the macrocracks are observed. More deform bands are formed in
the TSR as the punch stroke increases from 1.5 mm to 3 mm, no matter whether in position
I or position II. This is because the strain in the TSR increases as the bending proceeds. The
macrocracks are formed and extended in position II. However, there is no sign of cracks in
the side surface (position I) of the bending samples, which is consistent with the images
of the bent sample shown in Figure 2d. According to Figures 3 and 4, the tensile strain in
the TSR of position II is larger than that of position I during the whole bending test. For
the distribution of SNL, a similar phenomenon that parallels the band-like SNL in position
I and the mound-like SNL in position II is observed. However, the area of mound-like
SNL in position II is decreased with the punch stroke increased from 1.5 mm to 3.0 mm, as
shown in Figure 4b.

3.3. Simulated Results

To analyze the difference in the SNL between positions I and II, the stress component
(σx) and strain component (εx) in the length direction of the bending sample are extracted
from the FE simulated results, as shown in Figure 5. Four paths along the thickness of the
bending AZ31B sample are defined to better understand the stress distribution during the
bending test. Paths 1 and 3 are located at the middle position in positions I and II of the
bending samples, respectively. Paths 2 and 4 are situated at the site away from the middle
position, about 3 mm from paths 1 and 3, respectively. Figure 5a–c shows the distribution
maps and the corresponding detailed curves of σx along the four paths. All the stress curves
along the four paths show an ‘S’ shape. This type of stress distribution has been reported
by Ren et al. [24]. The higher slope interval that is highlighted by the green shaded area
corresponds to the SNL, and the low slope intervals represent the TSR and CSR, as shown
in Figure 5c. It is revealed that the stress distribution curves of positions I and II are similar
in the TSR. In the CSR, the stress values in position I (paths 1 and 2) are significantly lower
than those in position II (paths 3 and 4). This means that the stress distribution along the
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transverse direction (TD) is not uniform during the bending process. The stress in the
middle position is higher than that in the side position, which is consistent with the results
observed in Figures 3 and 4. Figure 5d,e show the simulated strain when the punch stroke
is 1.5 mm. It is revealed that the boundaries of SNL are nearly parallel with each other
in the side position (position I) and arched upward in the middle position (position II),
which is consistent with the results of OM observation (Figure 3). Figure 5f shows the strain
distribution curves at the two positions along the four paths. Here, we define the elastic
strain as the strain with the range of −0.002 ~ 0.002, such that the SNL can be marked by
the green shaded area in Figure 5f. In CSR, the strain along path 3 is significantly lower
than those along other paths. This means that the SNL extends to the CSR in position II.
The simulation results (Figure 3) are highly consistent with the OM observed results.

 

Figure 4. Optical micrographs (a) of the side surface (position I in Figure 3i) and (b) middle symmet-
rical surface (position II in Figure 3i) perpendicular to the transverse direction (TD) of the sample
when the bending test interrupts at the punch stroke of 3.0 mm.

The analytical results indicate that the SNL spreading phenomenon of AZ31B magne-
sium alloy is closely related to the distribution of compression stress during bending. The
material is in a relatively stable state under triaxial compression or tension stresses [13,37].
The same idea is used to understand the spreading phenomenon of the SNL in this study.
Figure 6 presents the stress components in the length direction (LD), transverse direction
(TD) and normal direction (ND) of the bending sample along paths 1 and 3, denoted as
σx, σy and σz, respectively. Along path 1, σx is significantly greater than σy and σz. Con-
sequently, the stress component in LD is responsible for the deformation behavior in the
position I, and the boundaries of SNL are parallel with each other. For path 3, the difference
among the stress components in LD, TD and ND is smaller than that along path 1. In the
CSR of position I (corresponding to path 1), the material undergoes a stress state close to
the uniaxial compression. The stress state in the CSR of position II is triaxial compression
(Figure 6b). In position II, the highest compressive stress components in LD, TD and ND
are 298, 199 and 175 MPa, respectively. In the grains under the triaxial compressive stress
state, the strain coordination modes, such as basal <a> slip and {10−12} extension twinning,
are hard to be activated. The area of the SNL extends to the CSR and forms a mound-like
elastic strain region on the middle symmetrical surface perpendicular to TD.
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Figure 5. Simulated stress component σx (a,b) and strain component εx (d,e) in the side position (a,d)
and middle position (b,e); distributions of stress (c) and strain (f) along the paths 1, 2, 3 and 4.

 

Figure 6. Distributions of σx in the LD, TD and ND along path 1 (a) and path 3 (b).

It is defined that the region with a stress value of 0 MPa at the junction of the tensile
stress region and compressive stress region of the bending sample is the stress neutral layer.
The elastic strain region is defined as the strain neutral layer. However, many reports only
considered the stress component in the LD [37–41] and ignored the stress components in
the TD and ND. The stress state in the bending sample is much more complex than that
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of uniaxial tension or compression. Only the three-dimensional stress state is considered,
rather than the uniaxial stress separately; the phenomenon of strain SNL spreading can
be explained legitimately. The results are important for better understanding the bending
behavior of Mg alloy sheets.

4. Conclusions

In this work, an unusual phenomenon of SNL spreading is revealed during the V-
bending test. The SNL on the middle symmetrical surface perpendicular to TD extends
to the compression region with a mound-like boundary. The SNL in the side position is
distributed with a parallel band feature. This difference in SNL distribution is mainly
attributed to the difference in three-dimensional stress distributions between the side posi-
tion and the middle position of the bending sample. The three-dimensional compressive
stresses in the compressed region are responsible for the SNL spreading phenomenon. An
improved FE model, in which the effects of anisotropy and tension–compression asymme-
try of the material are taken into consideration, should be constructed in future studies to
obtain more insights into the evolution of SNL during the bending of magnesium alloys.
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Abstract: Single-point incremental forming (SPIF) is a flexible technology that can form a wide range
of sheet metal products without the need for using punch and die sets. As a relatively cheap and die-
less process, this technology is preferable for small and medium customised production. However,
the SPIF technology has drawbacks, such as the geometrical inaccuracy and the thickness uniformity
of the shaped part. This research aims to optimise the formed part geometric accuracy and reduce the
processing time of a two-stage forming strategy of SPIF. Finite element analysis (FEA) was initially
used and validated using experimental literature data. Furthermore, the design of experiments (DoE)
statistical approach was used to optimise the proposed two-stage SPIF technique. The mass scaling
technique was applied during the finite element analysis to minimise the computational time. The
results showed that the step size during forming stage two significantly affected the geometrical
accuracy of the part, whereas the forming depth during stage one was insignificant to the part quality.
It was also revealed that the geometrical improvement had taken place along the base and the wall
regions. However, the areas near the clamp system showed minor improvements. The optimised
two-stage strategy successfully decreased both the geometrical inaccuracy and processing time. After
optimisation, the average values of the geometrical deviation and forming time were reduced by 25%
and 55.56%, respectively.

Keywords: SPIF; sheet metal; forming; incremental; FEA; tool path; optimisation

1. Introduction

Conventional sheet metal-forming (SMF) techniques such as drawing, stamping,
rolling, and stretch forming are well-established mass production processes for a wide
range of sheet metal products, especially in the automotive and aerospace industries. The
main disadvantage of conventional SMF is the need to design and manufacture special
dies with the required geometry of the product. The cost of the SMF dies is directly
proportional to the complexity of the geometry [1]. Therefore, these techniques are not
compatible with the customisation or personalisation of products. On the other hand,
additive manufacturing (AM) techniques offer the possibility of customising products
with complex geometries, allowing them to find applications in several sectors [2–6].
However, additive manufacturing for automotive and aerospace industries is incapable
of manufacturing large and curved sheet metals, such as vehicle body panels. Other
challenges restricting AM products in automotive and aerospace industries are the poor
surface finish, limited part size and disparities in the production quality [7,8].
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The demand for low/medium mass customisation is continuously growing as a
promising approach for fabricating products with a high degree of customisation at a low
production cost. However, the current capabilities of additive manufacturing and conven-
tional sheet metal-forming are incapable of satisfying the needs for mass customisation [9].
The SPIF process can reduce production costs by eliminating the need for die manufactur-
ing. It also offers a high degree of flexibility in customisation, especially for medium-sized
production, resulting in die-less metal forming [10]. Single-point incremental forming is
based on the conventional sheet metal spinning commonly used for the production of
axisymmetric shape complex parts, without the need for using dies [11–13]. In SPIF, the
metal sheet is plastically deformed into the desired shape through an incremental localised
progressive manner by using a spherical head tool. The concept was first introduced by
Leszak et al. [14], and the first trials were carried out in Matsubara labs, Japan. However,
the process was advanced further and is currently used in several industries, such as
aerospace [15], automotive [16] and marine [17]. The drawbacks of SPIF are around the
fabricated parts’ poor dimensional and geometrical precision due to the absence of dies in
the process, making it challenging to ensure tight dimensional tolerance. Other geometrical
precision issues typically arise from sheet thinning and elastic spring back [18].

Recently, significant advancements have been achieved in the equipment front, such
as using individual or in sync robots to improve the flexibility and precision of the process.
Several researchers have studied the SPIF experimentally, analytically and/or numerically.
The selection of the process parameters was shown to significantly affect the thickness
distribution of the metal sheet. Duflou and colleagues [19] had experimentally investigated
the effect of different parameters such as tool diameter, sheet thickness, part wall angle and
vertical step size on the forming force in the SPIF process. In their study, they had used
a simple truncated cone part and contour forming strategy. Their results demonstrated a
solid relationship between the induced forming forces and the selected process parameters.
Bambach et al. and Dejardin et al. reported the significance of four SPIF process parameters
which define the formability of the metal sheet. These were sheet thickness, tool speed,
tool diameter and forming strategy [20,21]. Different forming strategies lead to different
strain distribution and, hence, variation in the formed part thickness. The tool path is the
route through which the tool travels in order to deform the metal sheet to the required
shape. Therefore, both the formed component geometry and the process tolerance strongly
depend on the tool path. Contour and spiral tool path strategies are two forming strategies
that are typically applied in the SPIF process [22]. Arfa et al. [23] compared the two tool
path strategies, and they stated several advantages associated with adopting the spiral
tool path strategy. This includes uniform formed part thickness, homogeneous strain
distribution and reduced defects on the surface of the formed part. Other researchers
had also reported the remarkable influence of the forming strategy on the quality of the
formed part. Therefore, optimising the SPIF tool path has become an interesting research
area [18,20,22].

Generally, most of the research investigating the tool path optimisation of the SPIF
process focused on improving the forming strategy. The optimisation of the SPIF tool path
initially concentrated on minimising the spring-back phenomenon and cutting down the
tool trajectory. Although the experimental approach usually offers better accuracy, it is
also much more time- and money-consuming. Essa [18] studied the use of a backing plate,
tool path modification and a kinematic supporting tool to improve geometrical accuracy.
Azaouzi and Lebaal [22] examined the spiral tool path strategy by optimising the weighting
factor and the tool vertical tour number with the objective of controlling the tool path. They
used the statistical response surface technique to optimise the spiral tool path. Through
this optimisation, they successfully reduced the tool path length while improving the
uniformity of the part thickness. Reese and Ruszkiewicz [24] realised that the spring-back
of an aluminium truncated cone could be reduced by increasing the incremental step size in
the z-direction. Recently, Maaß et al. [25] studied the influence of the step-down size on the
characteristics of the forming mechanisms via numerical simulation. Their results indicated
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that increasing the step-down size reduced the part thickness and the geometrical accuracy.
However, it was also shown to increase the waviness of the formed part [22,25]. Due to the
dynamic and incremental concept of SPIF, it was reported that the process simulation often
consumes considerable CPU time. Maidagan et al. and [26] Meier et al. [27] introduced
the double-side incremental forming (DSIF) to improve the geometrical accuracy of the
formed sheet. In this technique, two forming tools simultaneously work on the two sides
of the sheet metal. The DSIF was found effective at improving geometric accuracy [28].

Gonzalez et al. [29] investigated the multistage incremental sheet forming to improve
the formability and accuracy of SPIF of conical geometry. The results showed that mul-
tistage forming enhanced the geometric accuracy in the unformed areas. However, the
sheet thickness was deteriorated compared to those formed using single-stage forming.
Suresh et al. [30] managed to implement multistage incremental sheet forming experi-
mentally to produce geometries with steep walls that were difficult to achieve using SPIF.
Recent research introduced multistage forming as a technique to improve geometrical
accuracy, spring-back and thickness distribution [29,31]. However, literature on optimising
this technique statistically is lacking. The research question of this paper is related to how
effective is the use of the design of experiments to optimise a multistage single incremental
forming and what are the effects and interactions of multistage forming parameters on the
geometrical accuracy and forming time?

2. Methodology

Finite element analysis was initially used and validated using experimental literature
data. Step-down tool size and the forming depth have been varied in order to provide some
insight. Initially, an FEA model of SPIF was built using an explicit solver and validated
with experimental data in the literature. The part shape was a truncated aluminium alloy
cone with a 180 mm diameter, 40 mm depth and 50◦ wall angle. The experiments were
modelled using an ABAQUS/Explicit solver. Finally, the simulation results, such as the
average geometrical deviation and the forming time in various simulation scenarios, have
been used to analyse variance and identify the optimum parameters utilising the design
of experiments (DoE) method and analysis of variance. The results obtained using the
optimised multistage tool path parameters were compared to a single-stage one introduced
by Maaß et al. [25].

2.1. FEA Modelling of SPIF Process

Finite element modelling (FEM) has been a powerful process modelling tool allowing
the study of the deformation mechanism of the SPIF process and by implication to avoid
restrictions associated with facilities and location. The sheet metal part is typically modelled
using shell or solid elements. Solid elements are preferred for meshing the thickness
direction to improve the accuracy of the results. However, this increased the computational
time [21]. Cocchetti et al. [32] recommended the use of shell elements to save computational
time. Explicit and implicit FEM solver techniques were investigated in the literature, and it
was found that the explicit solvers were time-efficient, whereas the implicit method was
accurate. Researchers have explored the use of implicit and explicit solvers aiming to reduce
computational time. A simultaneous solution of equations in each time increment was used
to solve the problem in the implicit solver. In the explicit FEA technique, the solution of the
preceding step was employed to solve the succeeding increment. As a result, the implicit
technique was reported to be more precise than the explicit solver due to eliminating error
accumulation [23]. Therefore, using the explicit method primarily to explore the optimal
range of process parameters, followed by employing the implicit solvers, could permit the
prediction of more accurate results in a reasonable time. A schematic diagram of SPIF is
illustrated in Figure 1. The spherical tip tool makes a sequence of contours and forms the
desired shape incrementally into the metal sheet.
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Figure 1. A schematic diagram of the SPIF system.

An asymmetric geometry represented the truncated cone, with a diameter of 180 mm,
a depth of 40 mm and a wall angle of 50◦, and it was constructed to simulate the SPIF
in ABAQUS software. The sheet metal was defined as a (200 × 200 mm) blank sheet of
1.2 mm in thickness. The blank sheet was held between two blank holders and deformed
using a spherical tool of 10 mm in diameter. Figure 2 shows the FEA model in which the
metal sheet is considered a deformable body, whereas rigid bodies were assigned to the
tool and the two clamping holders. The sheet material was aluminium 3003-O, with the
following physical and mechanical properties: density ρ = 2700 kg/m3, Poisson’s ratio
ν = 0.33, Young’s modulus E = 70 GPa, ultimate strength σu = 95–135 MPa and yield stress
σy = 35 MPa [19]. The flow stress equation of the material can be calculated using the
Swift-type hardening law, as follows:

σ = k(ε0 + ε)n (1)

where k is the hardening coefficient, ε is the effective accumulated plastic strain and n is
the strain hardening exponent [23]. For aluminium 3003-O: k = 184 MPa, ε0 = 0.00196 and
n = 0.224.

The velocity of the tool feed was maintained at 2000 mm/min to eliminate the effect
of the tool speed on the process. It is typical to use a lubricant covering the metal sheet in
the SPIF process, and this has been set as a friction coefficient of 0.09 between the forming
tool and the metal sheet. In addition, the friction coefficient between the clamp, sheet
and backing was set at 0.015. The tool path was initially defined by the movement in x, y
and z directions. At each time increment, the coordinate of the tool reference point was
initially generated using MATLAB and converted into displacement. The tool step-down
was identified as 0.5 mm, and the explicit time integration was set as a nonlinear analysis in
which the sheet metal was continuously loaded. In order to stabilise the time discretisation,
the time increment was set as small as possible [32]. The maximum time increment was
calculated by the smallest mesh size and the sound speed, as in Equation (2) [33]:

Δt ≈ Lmin
S

(2)
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where Δt is maximum stable time increment, S is the sound speed and Lmin is the smallest
mesh size. For any isotropic shell element, S can be calculated using:

S =

√
E

(1 − ν2)ρ
(3)

where ρ is the material density (ton/mm3), ν is the Poisson’s ratio and E is the Young’s
modulus (MPa). As shown from the above equation, as the density increases, the computa-
tional time decreases. However, further increases in mass scaling can result in inaccurate
results. Therefore, the mass scaling factor was adapted according to the minimum mesh
size in order to stabilise the time integration and save computational time. This resulted
in adjusting the step time increment to around 10−5, and the use of the shell element as
the mass scaling was found suitable. The critical time step was controlled by the size
of the in-plane elements rather than the thickness of the sheet metal [32]. After several
simulation convergence trials, the simulation results were comparable to the results by
Duflou et al. [19] and Arfa et al. when the mesh size of the part was 4 mm, the mesh size of
the clamp and backing were 12 mm and the mass scaling was 4 × 104 [23]. Moreover, the
kinetic energy was less than 5% of the model internal energy, indicating a negligible effect
of the mass scaling on the results’ accuracy. Therefore, a conservation analysis was carried
out to reduce the computational time while not compromising the model accuracy. It was
suggested that the suitable mesh size for the part would be 4 mm, with a mass scaling of
4 × 104 and 2500 elements.

Figure 2. The simulation model of the SPIF process.

2.2. Model Validation

The model’s reliability was assessed by comparing the current modelling results of a
single-stage model with the experimental and simulation data in the literature [19].

The wall thickness of the part can be calculated using the sine principle, as shown in
Equation (4) [23]:

Tpart = T0 sin(90 − α) (4)

where Tpart is the formed part thickness, T0 is the thickness of the metal sheet and α is the
cone angle.
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The estimated thickness of the formed part was found to be ≈0.77 mm. The range of
the formed part thickness, obtained from the present simulation and shown in Figure 3a,
was from 0.6954 to 1.200 mm, which was comparable to that reported in the literature
(0.7216–1.200 mm) [23].

Figure 3. (a) The formed part thickness distribution, and (b) the forming force plot from the present
simulation and the experimental results from the literature. The experimental graph was reused with
permission from [19]. Elsevier.

Duflou et al. [19] used single-point incremental forming forces using a table-type
dynamometer. To ensure an accurate comparison, the current study used the same setup
parameters as those introduced by Duflou et al. [19], such as sheet material Al 3003-O, the
thickness of 1.2 mm, a cone of 180 mm in diameter, 40 mm depth, 10 mm tool diameter
and 50◦ wall angle. They optimised four different process parameters and their effect on
the forming forces: the tool diameter, the sheet metal thickness, the vertical step size and
the parts’ wall angle. The approximate mean thickness of the formed part in the current
study and in the literature [19], represented by the blue areas in Figure 3a, were 0.7374 and
0.7615 mm, respectively. Both values are considered accurate compared to the theoretical
value (0.77 mm) with an error of 1.4% and 5.5%, respectively.

Figure 3b compares the forming force versus time in the current study with corre-
sponding values found in the literature [19]. As shown, the two curves have a similar
trend and coincide at the same maximum value. Therefore, the current simulation can be
considered a valid model and can be reliably employed to investigate the multistage tool
path optimisation.
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3. Optimisation of the Multistage SPIF Process

3.1. Multistage Parameters

Two spiral tool paths were considered in this study (one for each forming strategy).
The paths’ parameters are the depths (h, H) and the maximum diameters (d, D). Lowercase
and capital letters are associated with forming strategies 1 and 2 respectively, see Figure 4.
The maximum depth and diameter during the second stage (D, H) must be the same as the
part dimensions, which are 40 and 180 mm, respectively. In addition, the part should have
the same wall angle as the desired geometry after the first stage to ensure high geometrical
accuracy. Earlier studies had explored the effect of the step size in the range of 1.875 to
5.625 mm and found that a step size of 5 mm was optimal [22,25]. Generally, increasing the
step-down size reduces the geometrical accuracy and the forming time. The step-down
size of forming stages 1 and 2 (denoted as Δz1 and Δz2) have been considered in a range
from 1 to 5 mm. Accordingly, the range of d and the value of h were calculated through
Equations (5) and (6) and were found to be 35–39 and 178 mm, respectively.

H − h ≤ Δz (5)

d ≤ D − 2Δz
tan 50

(6)

Figure 4. The two forming stages of the proposed SPIF process.

The spiral tool path parametric equation can be written as follow:

⎧⎨
⎩

X(β) = R(β) cos β
Y(β) = R(β) sin β

Z(β) = Zmax
2π

(7)

where R(β) is the radius as a function of the spiral angle β, n is the vertical increment =
Zmax
Δz , 0 � β � 2πn and Zmax is the maximum forming depth, which is calculated using

Equation (8):

R(β) = r +
Z(β)

tan(θ)
(8)

where r is the spherical tool radius and θ is the wall angle. Three parameters have been
considered. Those are the vertical step-down sizes during the first and the second forming
stages (Δz1 and Δz2, respectively), and the depth of the first forming stage (h), in which the
ranges are 1 � Δz1 and Δz2 � 5, and 35 � h � 39.

Maaß et al. [25] investigated the relationship between the tool path parameters such
as the vertical step size, Δz, and the part geometry of a similar truncated cone. The authors
found that the optimum step size ratio for a single-stage incrementing forming Δz/tool
radius is 0.25 for an accurate part geometry. Therefore, an initial value for Δz of 1.25 mm
was employed in the current study, in comparison to the multistage optimised values.
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3.2. The Response Surface Method (RSM)

The design of experiments is a statistical approach for designing and optimising
processes with multiple input parameters, and it has been used extensively in sheet metal
forming as well [34,35]. The response surface method was used to statistically investigate
the effect of the process parameters using the two forming stages’ spiral tool paths and
to find the optimised parameters, as shown in Figure 4. The aim was to deform the sheet
metal evenly and reduce spring-back with a minimum forming time. To achieve this aim,
the Box–Behnken DoE was used to create an experimental plan with minimum trials. The
Box–Behnken method is a statistical design used for the response surface approach to
ensure that each parameter is placed at one of three equally spaced levels, such as −1, 0
and +1 [36].

A second-order regression equation can express the response surface function “Y”.
The order of the regression equation is typically kept as low as possible. Typically, the
accuracy of second-order regression is the lowest accurate order, see Equation (9):

Y = b0 + ∑ bixi + ∑ biix2
i + ∑ bijxixj (9)

where the factors xi are the process parameters; on the other hand, b0, bi, bii and bij are
the regression equation coefficients determined using the least-square technique. Design-
Expert V 7.0.0 (Stat-Ease Inc., Minneapolis, MN, USA) was applied to implement the DoE
approach.

Three parameters were deemed appropriate in the study: vertical tool increment of the
first forming stage, vertical tool increment of the second forming stage and the depth of the
first forming stage. According to the Box–Behnken design, three levels of each parameter
were considered, see Table 1. As shown, the 3 levels were 0 as the middle level, 1 as the
high level and −1 as the lower level [32]. Furthermore, three centre points were considered
(to permit the determination of the experimental error). This resulted in 15 parametric
combinations, see Table 2. In this study, two responses: the average geometric deviation
of the formed part and the forming time, were optimised, knowing that the geometric
deviation of the part was calculated using the average distance between the formed and
designed shapes [23,24].

Table 1. Factors and levels used in the DoE.

Factors Process Parameters −1 0 +1

Δz1 (mm) Tool vertical increments of the first forming stage 1 3 5

Δz2 (mm) Tool vertical increments of the second forming stage 1 3 5

h (mm) Depth of the first forming stage 35 37 39

Table 2. Box–Behnken design parameters with calculated average deviation and forming time.

Run Δz1 Δz2 h Average Derivation Forming Time
mm mm mm mm (s)

1 5 3 39 1.6594 278

2 3 1 39 0.9792 658

3 3 5 35 2.077 258

4 3 3 37 1.5967 345

5 1 1 37 0.8773 1016

6 5 1 37 1.1333 633

7 3 3 37 1.5997 345

8 3 3 37 1.6056 345

9 5 5 37 2.2779 221
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Table 2. Cont.

Run Δz1 Δz2 h Average Derivation Forming Time
mm mm mm mm (s)

10 5 3 35 1.8586 258

11 1 3 39 1.4476 689

12 1 5 37 1.5239 580

13 1 3 35 1.5967 645

14 3 1 35 1.3892 645

15 3 5 39 2.0536 261

4. Results

4.1. Analysis of Geometric Deviation

Three distinct geometric deviations were found at three regions, see Figure 5a. The
deviation in region A was created by bending the metal sheet, while the ones found in
region B were due to the spring-back effect. Finally, the pillow effect deviation at the base
of the part (region C) was a result of the change in the transverse stress/strain [32,36]. The
sheet metal parameters such as the internal bend angle (A), internal bend radius (R) and
the sheet thickness (T) are shown in Figure 5b.

Figure 5. (a) A schematic diagram of the actual and ideal geometries. (b) Sheet metal parameters.

To assess the part quality in the fifteen simulation trials, the maximum error in each of
the three regions was measured, see Figure 6. It was found that the maximum geometrical
deviation in region A was about 4.70 mm for all simulation scenarios, which did not
improve compared to the single stage (4.67 mm). There was a significant variation in the
error values in region B, which ranged from 1.04 to 4.75 mm. The maximum geometrical
deviation in region C varied from 0.7688 to 2.6546 mm. In conclusion, the second forming
stage improved the geometric accuracy in regions B and C while not deteriorating in
region A.
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Figure 6. The maximum geometric deviation in region A, region B and region C.

4.2. Analysis of Variance (ANOVA)

Results of the average deviation and forming time are listed in Table 2. The least-
square fitting R2 was employed to define the model fit [37]. According to the Box–Behnken
design, the average geometrical deviation and forming time fit quadratic models with
the least-square fitting R2 of 97% and 95%, respectively. This suggests that the models
accurately describe the relationship between the input parameters and the outputs. The
two models are functions of the vertical step-down sizes during the first forming stage
(Δz1), the second forming stage (Δz2) and the depth during the first forming stage (h), see
Equation (10).

Response = b0 + b1(Δz1) + b2(Δz2) + b3(h) + b4(Δz1Δz2) + b5(Δz1h)
+b6(Δz2h) + b7(Δz1)2 + b8(Δz2)2 + b9(h)

2 (10)

where b0 is the average of the levels, and b1, b2 . . . , b9 are the models’ coefficients. Least-
squares fitting, an approach for best curve fitting by minimising the total squares of the
errors, was used to analyse the equation data shown in Table 3 and define the coefficients.
The coefficients of the surface response model for the two outputs are listed in Table 3.
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Table 3. Coefficients of the response surface models of the average deviation and forming time.

Coefficient Average Deviation Model Forming Time Model

b0 +40.94938 −4769.56250

b1 +0.21402 −254.87500

b2 −0.64276 −275.00000

b3 −2.06886 +330.50000

b4 +0.031125 +1.50000

b5 −0.00313125 −1.50000

b6 +0.024162 −0.62500

b7 −0.016468 +34.93750

b8 −0.020424 +31.93750

b9 +0.026445 −4.31250

The null hypothesis, which presumes that the process parameters have no effect, is
rejected when the p-value is less than 0.05 (95% confidence level). As a result, parameters
with p-values ≤ 0.05 are considered significant. The calculated p-values of all the parameters
and interactions are listed in Table 4. The ANOVA results show that the most significant
parameters are the vertical increments during stages one and two, the interaction between
both increments and the depth of forming during stage one. Furthermore, the forming time
was found to be significantly affected by the vertical increments of both forming stages.

Table 4. The p-values of the individual parameters and the interactions for the two outputs.

Model Parameter
p-Value

Average Deviation Forming Time

Δz1 0.0017 <0.0001

Δz2 <0.0001 <0.0001

h 0.0237 0.1265

Δz1Δz2 0.0340 0.4722

Δz1h 0.7826 0.4722

Δz2h 0.0746 0.7592

(Δz1)2 0.2012 <0.0001

(Δz2)2 0.1276 <0.0001

h2 0.0645 0.0846
Bold values indicate statistically significant process parameters (p-value < 0.05).

Figure 7a–c show the effect of the increment of the first forming stage (FS1), increment
of the second forming stage (FS2) and the depth of the first forming stage on the average
deviation using a quadratic model. It can be noted that the average deviation increased
consistently with increasing any of the vertical increments of stages 1 and 2. In addition,
the depth of the forming stage 1 was shown to have a slight adverse effect on the average
deviation. Finally, the model shows that the interaction of the increments during the two
forming stages was also significant. The geometric deviation significantly increases as the
increment of any of the forming stages increases, Figure 7d. On the other hand, and as
shown in Figure 8a,b, each of the increments of forming stages 1 and 2 were significant
on the forming time, and the relationship between them follows a quadratic model. Both
factors were shown to have virtually the same inverse effect on the forming time. At a
depth of stage 1 of 37 mm, increasing the increment of forming stage 1 from 1 to 5 mm (at a
constant value of the increment of forming stage 2 of 3 mm) resulted in a reduction of the
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forming time from 677 to 292 s, while the same increase of the increment of forming stage 2
(at a constant value of the increment of forming stage 1 of 3 mm) caused the forming time
to decrease from 677 to 269 s.

 

Figure 7. Effect of (a) increment of forming stage 1 (FS1), (b) increment of forming stage 2 (FS2), (c) depth of forming stage 1
and (d) the interaction between the increments of both forming stages on the average deviation.

Figure 8. Effect of (a) increment of forming stage 1 (FS1) and (b) increment of forming stage 2 (FS2) on the forming time.
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4.3. Optimisation of Process Parameters

The process parameters of the two-stage process were optimised. The objective
function is to minimise both the geometrical deviation and the forming time. However,
two different priorities were used in the objective function. The geometrical accuracy was
defined with high priority, while the forming time was defined with low priority. Therefore,
if both objectives have an inverse relationship, a trade-off will be made. In this case, the
geometrical accuracy objective function will be met at the expense of the forming time to
obtain a valid solution.

The experimental data were analysed, and the genetic algorithm (GA) was employed
to calculate the process parameters [38]. The genetic algorithm is a search optimisation
technique that is inspired by natural evolution. The geometrical deviation and forming
time shown in Equation (10) and the corresponding constants listed in Table 3 were
simultaneously solved, and the contour plot of the optimisation is shown in Figure 9.
The model shows that the optimum values of the vertical increment of stage 1, vertical
increment of stage 2 and the depth of forming stage 1 would be 4.5, 1.59 and 39 mm,
respectively. At these values, the predicted average deviation and forming time were
1.21 mm and 473 s, respectively.

 

Figure 9. Predicted optimum process parameters for minimising the process responses (a) average deviation and (b) form-
ing time.

4.4. Validation and Comparison

The aim of using the DoE optimisation was to minimise the geometrical deviation and
forming time. The optimum process parameters were Δz1 = 4.5 mm, Δz2 = 1.6 mm and
h = 39 mm. This set was employed in the FE model, and its effect on the part geometrical
deviation and forming time is listed in Table 5. It was found that both the forming time and
geometrical deviation were reduced by about 56% and 25%, respectively. Figure 10 shows
the part geometry created by the optimised tool path parameters of a single-stage model
created by Maaß et al. [25] and the current optimised process. The geometry of the formed
part obtained using the current study’s optimised parameters was found more accurate
to the ideal profile than the one obtained using the single-stage process [25], especially
the regions along the part wall and the base. The deviations in the geometry caused by
the spring-back effect and the transverse strain/stress in regions B and C were slightly
penalised. However, the change in the geometrical deviation in region A, caused by sheet
bending, was found negligible. Figure 11 demonstrates a comparison of the part thickness
distribution between the single-stage and double-stage optimised processes. The minimal
part thickness of the optimised formed part was decreased by 1.6%, resulting in a more
uniform thickness compared with the single-stage process.
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Table 5. Comparison between the forming time, average deviation and minimum sheet thickness.

Parameters
Single Stage Using
Δz = 1.25 mm, [25]

Optimised
Solution

Reduction

Forming time (s) 1024 455 55.56%

Average deviation (mm) 1.5438 1.2351 25%

Minimum sheet thickness (mm) 0.6954 0.6770 1.6%

Figure 10. Section of the formed part produced using the single-stage process [25] and the optimised multistage process
and ideal part.

Figure 11. Thickness distribution of the (a) single-stage and (b) the optimised multistage SPIF process.
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4.5. Forming Force

The forming force calculated using the optimised SPIF process parameters, shown
in Figure 12, increases during the first stage then breaks at ~120 s as the tool trajectory
moves between the two forming stages. The figure also shows that the forming force
during the first forming stage of the part is more significant than that of the second stage,
as the deformation primarily occurs during the first stage. In the second stage, the tool
deforms the sheet metal slightly compared to the first stage. Hence, the small reaction force
in the second forming stage works better in improving the part geometry and the wall
thickness. This is because, after the first stage, there is still an undeformed depth, in which
the forming force increases. As the forming depth in the first stage increases, the peak of
the forming force in the second stage decreases. In addition, the forming force in the first
stage rises rapidly and then experiences almost a flat plateau, as shown in Figure 12. On
the other hand, the forming force in the second stage initially increases, stabilises for a
short time and then increases rapidly at the end of the second stage. When the step size of
the second stage and the undeformed depth are small, the strain and stress near the part
base become relatively small by the end of the second forming stage, making the pillow
effect phenomenon negligible.

 
Figure 12. The forming force plot after optimisation.

5. Discussion

The contact between the tool and the metal sheet occurs within region B, where the
metal sheet has been forced into the ideal shape by a tool progressing according to the
designed path. With the tool movement, a sheet metal part is continuously free from
constraints, and the residual stress makes it deform without a forming force. Hence, the
actual part deflects further from the ideal profile, and the build-up of the local spring-back
increases the geometrical deviation. Typically, the increase in the forming force increases
the residual stress. For parts created in a single stage, local deformation becomes more
significant as the residual stresses increase. However, after introducing the second forming
stage, the developed local spring-back is small, which reduces the geometric deviation
in region B [20]. The forming force in the second stage is smaller than in the first stage,
though it is still sufficient to deform the metal sheet into the desired profile. As the forming
force and the associated residual stress in the second stage become small, the deformation
also becomes small, and the part thickness deforms more uniformly than the first stage.

Although the tool and sheet metal do not directly connect in region A, the bending
occurs due to deformation in region B. The length of the neutral line in region A can be
denoted by the bend allowance, as shown in Equation (11):

BA = A
( π

180

)
(R + (KT)) (11)
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where R is the inside bend radius, A is the bend angle in degrees, T is the material
thickness and K is the K-factor, which typically has a value between about 0.3 and 0.5. From
Equation (11), it can be assumed that the bend allowance does not depend on the forming
force. Therefore, the geometric deviation in region A is less dependent on the process
parameters. On the other hand, the pillow effect that develops in region C develops from
the bending of the metal sheet (due to in-plane stresses) [39]. This is because the material is
largely deformed in the transverse direction within the tool vicinity. Consequently, it flows
toward the metal sheet centre, which causes a significant pillow effect. The undeformed
depth from the first stage can reduce the development of the pillow effect by restricting
material plastic deformation near the base of the part.

Although the part dimensional accuracy is enhanced by using the proposed two-stage
forming strategy, there is still a deviation between the formed part and the ideal shape,
particularly near the area between the formed part and the clamping. As a result, the pillow
effect becomes more evident as the size of the step-down increases. Further improvements
in the design of the process can be considered in future work. For example, the tool path
can be extended to the sheet centre point, reducing the pillow effect. In addition, the
tool path start-points and endpoints of the two forming stages can be the same in order
to reduce the spring-back effect due to the repeated forming. Furthermore, the distance
between the forming and the clamped area can be reduced to minimise the sheet bending
at the maximum diameter [40].

6. Conclusions

A two-stage forming strategy in SPIF was introduced and optimised to reduce the
geometrical deviation and the processing time compared to those manufactured using a
single forming tooling. A simulation model of the SPIF has been developed and solved
using an explicit finite element analysis to study the optimal tool path for a truncated
cone. The design of experiments using a response surface method was used to optimise the
proposed two-stage forming strategy. The simulation results showed that the two-stage
forming technique could significantly reduce both the geometrical deviation and the form-
ing time. The step-down size in each forming stage was found to be the most significant
parameter that affects the SPIF process’ formability. Meanwhile, the step size of the second
stage affected the part accuracy more than the step size of the first stage. The proposed
and optimised two-stage forming strategy can reduce the geometric deviation caused by
the spring-back and pillow effect while having an insignificant effect on those caused by
sheet bending near the part and the clamp. The forming time and part geometric deviation
were reduced by 56% and 25%, respectively. In addition, the part thickness distribution
was found more uniform after optimisation, and the minimal thickness decreased by 1.6%.
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Abstract: Electromagnetic forming (EMF) is one of the most popular high-speed forming processes
for sheet metals. However, modeling this process in 3D often requires huge computational time
since it deals with a strongly coupled multi-physics problem. The numerical tools that are capable of
modeling this process rely either on shell elements-based approaches or on full 3D elements-based
approaches. The former leads to reduced computational time at the expense of the accuracy, while
the latter favors accuracy over computation time. Herein, a novel approach was developed to reduce
CPU time while maintaining reasonable accuracy through building upon a 3D finite element analysis
toolbox which was developed in CEMEF. This toolbox was used to solve magnetic pulse forming
(MPF) of thin sheets. The problem was simulated under different conditions and the results were
analyzed in-depth. Innovative techniques, such as developing a termination criterion and using
adaptive re-meshing, were devised to overcome the encountered problems. Moreover, a solid shell
element was implemented and tested for thin structure problems and its applicability was verified.
The results of this element type were comparable to the results of the standard tetrahedral MINI
element but with reduced simulation time.

Keywords: high-speed forming; magnetic pulse forming; computational mechanics; solid-shell finite
element

1. Introduction

Lightweight structures have many applications, especially in aerospace and auto-
motive industries. The huge demand on lightweight structures requires improvements
in the forming processes that would lead to cost reduction while maintaining struc-
tural resistance. High-speed forming processes, such as explosive forming discussed
by Mynors and Zhang [1], electro-hydraulic forming (EHF) by Rohatgi et al. [2] and elec-
tromagnetic forming (EMF) by Zittel [3], have been proposed in the literature to overcome
the disadvantages of the conventional forming methods. The study of these problems
has been cumbersome for a long period of time. However, studying such problems has
become more feasible with the advancements in the computing power and the progress in
computational simulations.

Multi-physics simulation is a wide domain that contains various problems, including
fluid-structure [4], thermal-structural and electromagnetic-structure interactions [5]. This
work is mainly concerned with electromagnetic-structure simulations. Nevertheless, there
are two types of this simulation. First, the simulation related to using materials having
unique electric-magnetic properties, such as functionally graded piezoelectric material
(FGPM) and piezomagnetic (PM) materials [6]. Second, the problems that include external
magnetic sources that induce magnetic forces causing the metallic structure to deform,
known as electromagnetic forming (EMF) [7].

Materials 2021, 14, 7645. https://doi.org/10.3390/ma14247645 https://www.mdpi.com/journal/materials
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The electromagnetic forming (EMF) process applies an intense electromagnetic pulse
on a metallic component, inducing plastic deformations. It is a high-speed forming process
that has strain rates ranging from 103 s−1 to 104 s−1. Psyk et al. [8] discussed, in detail,
the advantages of high-speed forming processes over the conventional forming processes.
First, there is a lack of contact between the tool and the workpiece, and thus no lubrication
is needed. Second, there is improved formability with respect to the conventional forming
processes. In this process, an intense magnetic field generated by a coil is applied on an
adjacent electrical conductive workpiece. The induced current along with the applied mag-
netic field produce Lorentz body forces on the workpiece. These forces supply additional
momentum and energy to the workpiece, causing deformations [9]. Unger et al. [10] stated
that the electromagnetic part of the system is highly dependent on the spatio-temporal
evolution of the deformation of the workpiece. Therefore, designing this process remains
cumbersome as it deals with strongly coupled multi-physics phenomena.

Recently, many endeavors have been made to simulate this problem. Most of these
approaches were mainly restricted to axisymmetric geometries or small deformation prob-
lems. Fenton and Daehn [11] tackled the simulation problem of magnetic pulse weld-
ing and Imbert et al. [12] worked on the simulation of a corner fill operation process,
though both of them worked on axisymmetric geometries. Moreover, Schinnerl et al. [13]
tackled the simulation of 3D magnetic pulse forming but in small deformations. How-
ever, three-dimensional modeling along with plastic deformations are necessary to sim-
ulate a real world metal forming process using electromagnetic forming. The numerical
simulation of this problem requires high standards of finite element formulation since
the workpieces exhibit large bending and plasticity. Therefore, low order elements are
not favorable in such applications as they exhibit a locking effect in bending problems
which deteriorates the accuracy of the results. There are many solutions to overcome the
locking effect. One possibility is to work with higher order elements [14]. Nonetheless,
these formulations require complicated meshing procedures and complicated handling
of the contact algorithms. Another solution is to use the method of compatible modes
or enhanced assumed strains [15,16]. However, these approaches require more internal
element variables to be determined, which leads to a higher computational cost. Re-
cently, Belytschko and Bindeman [17], Liu et al. [18] and Reese et al. [19] have proposed a
methodology to combine the assumed enhanced strain method with the reduced integra-
tion technique and hourglass stabilization. This approach showed robust deformation
behavior along with low numerical cost. A new category of elements are based on the same
concept, called solid shell elements [20,21]. Unger et al. [10] developed a model for 3D
simulation of electromagnetic forming using a solid shell element [22] for the mechanical
solution to reduce the computational cost. However, Unger et al. [10] addressed only
the simple problem of a rectangular shape workpiece, which did not represent a real life
application problem.

Additionally, many multi-physics commercial software already exist in the market,
such as LS-DYNA [23]. The electromagnetic computations in LS-DYNA are based on the
coupling between finite elements for solid bodies and boundary elements [24] for the
surrounding air [25]; therefore, the air domain is not meshed. This can be more adapted
for moving bodies but can significantly increase the computational time due to the fact
that the boundary element system leads to solving a small linear system but with a full
matrix. On the other hand, this work is complementary to the work of Alves Z and Bay [7],
in which the authors use a tetrahedral solid element, called the Nedelec element [26], in
which all fields are defined on the solid element’s edges instead of its nodes. Thus, all
bodies in the system are different, solely by the material parameter, and have the same
finite element. This approach can be quite fast since it deals with a single element type in
the system. Moreover, since the approach produces a single linear system for the resolution
of the magnetic potential, the parallelism is also simplified [27]. Finally, remeshing is
more adapted to this approach since tetrahedra are the most suited elements for enabling
automatic and adaptive remeshing. It is one of the main advantages of our tool and the
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work carried out here is aimed at developing an original strategy in order to preserve the
efficiency of this strategy.

The main novelty of this work is the study of an application of the EMF processes,
which is the magnetic pulse forming (MPF) of thin sheets. This process can be used in
either direct forming, used with highly conductive materials, or indirect forming, used
with less conductive materials. Although the magnetic pulse forming problem can be
simulated using axisymmetric model [28], we have chosen to use a 3D approach to model
the problem for some reasons. First, the approaches developed in this paper are generic
and are used to solve general 3D problems in the future. Second, the ultimate goal is to
include the effect of plastic anisotropy in the future simulations and implementing 3D
constitutive equations that are more convenient with most of the anisotropic yield criteria.
Herein, the simulations are carried out using different element types: MINI element [29]
and solid shell element [20]. This solid shell element was developed and modified to fit
magnetic pulse forming applications [30]. Using the solid shell element instead of the MINI
element reduces the computational cost of the simulation dramatically.

The paper is divided as follows: Section 2 discusses the modeling of the electro-
magnetic problem and the mechanical problem, in brief, along with a glimpse of the
implementation strategy adopted for these simulations. Section 3 tackles the description of
the magnetic pulse forming application, its finite element description, the results and their
physical interpretation. Section 4 is an extensive study of the difficulties that have been
encountered in the problem and some proposed solutions to overcome these difficulties.
Finally, Section 5 states the concluding remarks.

2. Modeling of the Magnetic Pulse Forming Process

Multi-physics simulations, including electromagnetic simulations, can be very com-
putationally expensive. Additionally, design processes that include multiple simulation
iterations and optimization processes require high computational power to be carried
out. Thus, it is important to select the most appropriate numerical method to solve these
problems in a reasonable time while maintaining good accuracy.

A numerical toolbox based on finite elements methods for the electromagnetic forming
applications has been developed to solve electromagnetic forming problems [31,32]. This
toolbox is a coupling between FORGE—for the mechanical modeling of large deformation—
and MATELEC—which solves the electromagnetic wave propagation problem—based
on the Maxwell’s equations. The following subsections explain the electromagnetic and
mechanical models used in the simulation of the magnetic pulse forming process.

2.1. Electromagnetic Model
2.1.1. Maxwell’S Equations and the Potential Formulation

The electromagnetic solver is based on the well-known Maxwell’s electromagnetic
field equations:

�∇× �E = −∂�B
∂t

(1)

�∇× �H = �J (2)

�∇ · �D = 0 (3)

�∇ · �B = 0 (4)

where

�E : Electric field intensity �D : Electric flux intensity
�H : Magnetic field intensity �B : Magnetic flux intensity
ρe : Electric charge density �J : Electric current density

• Equation (1): (Maxwell Faraday) represents the electric induction due to a varying
magnetic field.

133



Materials 2021, 14, 7645

• Equation (2): (Maxwell Ampere) represents the creation of a magnetic field due to a
passing electric current.

• Equation (3): (Maxwell gauss) represents the conservation of electric charge in
the material.

• Equation (4): Represents the conservation of the induced magnetic field in the material.

Although, a reduced form of Maxwell-gauss Equation (3) is used in which ρe = 0,
since there is no fixed electric charge to be considered in this problem. Moreover, a reduced
form of Maxwell-Ampere Equation (2) is used in the current applications of metal forming,
since electromagnetic wave propagation may be neglected [33]; thus, ( ∂�D

∂t = 0).
Then, the model is completed with the constitutive relations:

�B = μH �H;�J =
1

ρE
�E (5)

where μH is magnetic permeability and ρE the electrical resistivity. These material param-
eters depend on the temperature and μH depends also on the intensity of the magnetic
field ||�H||.

In many cases, it is more convenient to express this system of equations in potential
formulation (�A,φ) [34] where �A is the vector potential function and φ is the scalar potential
function that can be represented by the following equations:

�∇ · �B = 0 ⇒ �B = �∇× �A (6)

Combining Equation (1) with Equation (6):

�∇× �E = −∂�B
∂t

⇒ �∇× �E = − ∂

∂t
(�∇× �A)

⇒ �∇×
(
�E +

∂�A
∂t

)
= 0

(7)

Since for any scalar function φ, �∇× (−�∇φ) = 0 holds, then

⇒ �E +
∂�A
∂t

= −�∇φ

⇒ �E = −�∇φ − ∂�A
∂t

(8)

Finally, after substitution of (�A, φ) in Maxwell’s equation and considering law of the
charge conservation, the final equations can be written as follows:

1
ρE

∂�A
∂t

+ �∇×
(

1
μH

�∇× (�A)

)
= − 1

ρE
�∇(φ)

�∇ · ( 1
ρE

�∇φ) + �∇ ·
(

1
ρE

∂t �A
)
= 0

(9)

This is a four variables (φ, Ax, Ay, Az) four equations system instead of six variables
for a double vector field formulation. Equation (9) is discretized in space by Nedelec
elements [26] and �A is solved at the edges while φ is solved at the nodes.

2.1.2. Weak Formulation and Discretization of Electromagnetic Problem

The electromagnetic problem consists of a single domain, as indicated in Figure 1. The
domain (Ω) is subdivided into three subdomains: the coil or inductor (ΩI), the workpiece
(ΩP) and the surrounding air (Ωa)
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Figure 1. Boundaries of an EMF process. Ω represents the global domain solids + surroundings. ΩP

is the workpiece. ΩI represents the inductor domain. The electrical input and output connections of
the inductor are given by ΓI

inp and ΓI
out [35].

Reese et al. [28] utilized Coloumb gauge condition in order to guarantee uniqueness
of solution. This condition indicates that:

�∇ · �A = 0 (10)

Hence, the second equation of Equation (9) is reduced to:

�∇ · ( 1
ρE

�∇φ) = 0 (11)

Therefore, the weak form of the electromagnetic differential equations in Equation (9)
will take the following form:〈

�Ψ, 1
ρE

∂t �A + �∇× 1
μH

�∇× �A + 1
ρE
�∇φ

〉
= 0

〈ϕ, �∇ · ( 1
ρE
�∇φ)〉 = 0

(12)

for all �Ψ ∈ Hcurl and ϕ ∈ H1
0. Where,

• Space of functions vanishing at the boundary H1
0(Ω) ⊂ H1(Ω).

H1
0(Ω) =

{
ϕ ∈ H1(Ω)/ϕ = 0 ∈ ∂Ω

}
(13)

• Space of vector functions with square-integrable curl.

Hcurl (Ω) =

{
�Ψ ∈

(
L2(Ω)

)3
/�∇× �Ψ ∈

(
L2(Ω)

)3
}

(14)

• Inner products: The following notation for the inner product of the spaces will allow
simplifying the notation for the weak forms.

∫
Ω

f · gdΩ = 〈 f , g〉 (15)

Alves Zapata [27] developed the detailed mathematical model and considered natural
conditions to reach the final weak form:〈

�Ψ, σ∂t �A
〉
+
〈
�∇× �Ψ, 1

μ
�∇× �A

〉
+ 〈�Ψ, 1

ρE
�∇φ〉 = 0

〈�∇ϕ, 1
ρE
�∇φ〉 = 0

(16)
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Afterwards, the approximate fields solutions representing the finite elements dis-
cretization is defined as:

φ(t,�x) ≈ φh(t,�x) = ∑
n

φn(t)ϕn(�x)

�A(t,�x) ≈ �Ah(t,�x) = ∑
d

ad(t)�Ψd(�x)
(17)

where ϕn(�x) are the nodal shape functions and �Ψd(�x) are the edge shape functions (Nedelec
elements). Alves Zapata [27] addresses in more details the interpolation functions and
finite element formulation of this problem.

Finally, Lorentz forces can be computed from the potential formulation as follows:

�Florentz = �J × �B

�Florentz =
1

ρE

[
−∂�A

∂t
× (�∇× �A)

]
(18)

Lorentz force is only function in �A, which can be computed directly after solving for �A.

2.2. Solid Mechanics Model

The second part of the simulation is related to solid mechanics simulation in which the
electromagnetic forces are transferred to the metal part, causing deformation. In this paper,
two different formulations are considered in the simulation results: a mixed pressure-
velocity element formulation (MINI) element [29] and an enhanced assumed strain element
formulation [20]. In the following part, we will present a glimpse of both formulations.

2.2.1. Mini Element Formulation

For the MINI element, the strong form of the mechanical problem is defined by
conservation equation along with the boundary conditions. Considering the decompo-
sition of the stress tensor into spherical and deviatoric parts, the mechanical problem is
represented on the domain Ω and the external boundary Γ = ∂Ω, shown in Figure 2.
The boundary is decomposed to several parts depending on the type of loading applied:
Γ = Γ f r ∪ Γt ∪ Γv ∪ Γc where:

• Γ f r : Free surface boundary.
• Γt : Imposed external traction boundary.
• Γv : Imposed external velocity boundary.
• Γc : Contact condition on the boundary with other tools (rigid or deformable).

Figure 2. Representation of the domain Ω and the boundary conditions [27].

The system of equations representing the mechanical problem can be summarized
as follows:
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⎧⎪⎪⎪⎪⎪⎪⎪⎪⎪⎨
⎪⎪⎪⎪⎪⎪⎪⎪⎪⎩

�∇ · s − �∇p = �f ext

�∇ ·�v = −
(

ṗ
κ

)

�v = �v0 on ∂Ωv

�t =�t0 on ∂Ωt

(19)

The first two equations represent the conservation of momentum in the system. Al-
though, the representation used here is divided to deviatoric stress and pressure that will
help later in developing the mixed formulation element approach.

Third equation represents Dirichlet boundary condition and fourth equation repre-
sents Neumann boundary condition.

The weak form is based on a mixed velocity-pressure formulation. The formulation is
written for test functions (v∗,p∗) as follows:⎧⎪⎪⎪⎪⎪⎪⎪⎪⎨

⎪⎪⎪⎪⎪⎪⎪⎪⎩

∫
Ω s(�v) : ε̇(�v∗)dΩ − ∫

Ω p�∇ ·�v∗dΩ − ∫
Ω
�Florentz ·�v∗dΩ − ∫

∂Ωt
�t0 ·�v∗dΓ = 0

∫
Ω p∗

(
−�∇ ·�v − ṗ

κ

)
dΩ = 0

∀(�v∗, p∗) ∈ V0 ×P

(20)

where s(�v) is the deviatoric stress, p is the pressure, �v is the velocity vector, ε̇ the strain rate
and κ is the bulk modulus.⎧⎪⎪⎪⎨

⎪⎪⎪⎩
V0 =

{
�v∗ ∈ (

H1(Ω)
)3, �v∗|∂Ωv

=
−→
0 sur Ω

}

P = L2(Ω)

(21)

H1 is the Sobolov space and L2 is the Lp space of square functions summed on Ω .
This problem has a unique solution. Although, from a numerical point of view,

numerical instabilities can arise depending on the choice of the discretization space for v
and P. In order to ensure the stability of this approach, the numerical formulation should
pass the Brezzi condition [36]. The P1+/P1 discretization allows to pass Brezzi condition
leading to a well posed discrete problem.

The element used for this formulation is tetrahedral linear 3D element in which both
the pressure and velocity are linearly interpolated. However, the velocity interpolation is
enhanced by a dot at the center of the element, called “bubble”, as shown in Figure 3.

Figure 3. Degrees of freedom for the velocity and pressure for the tetrahedral element P1+/P1.
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The following equation presents the interpolation function for both the velocity and
pressure. The velocity field is divided into two parts: linear and bubble interpolation functions.

⎧⎪⎪⎨
⎪⎪⎩
�vh(�x) = ∑Nbnode

k=1 Nl
k(�x)�V

l
k + ∑Nbelt

j=1 Nb
j (�x)�V

b
j

ph(�x) = ∑Nbnode
k=1 Nl

k(�x)Pk

(22)

where Nl
k , k = 1 . . . Nbnode are the shape function of the linear interpolation for the

velocity and pressure, while Nb
j , j = 1 . . . Nbelt is the bubble function [37].

2.2.2. Shb Element Formulation

On the other hand, the general variational principle of SHB element is considered for
the mechanical problem from Hu–Washizu variational principle:

δπ(�v, ˙̃ε, σ̃) =
∫

Ωe
δε̇T · σdΩ + δ

∫
Ωe

σ̃T · (∇s(�v)− ˙̃ε)dΩ − δvT · �f ext = 0 (23)

where δ denotes a variation,�v the velocity field, ˙̃ε the assumed strain rate, σ̃ the interpolated
stress, σ the stress field evaluated by constitutive model, �v the nodal velocities, �f ext the
external nodal forces (includes Lorentz forces and other external forces in the problem) and
∇s(�v) the symmetric part of the velocity gradient.

Then a simplified form of this principle is achieved by considering the interpolated
stress orthogonal to the difference between the symmetric part of the velocity gradient and
the assumed strain rate, which gives:

δπ( ˙̃ε) =
∫

Ωe
δε̇T · σdΩ − δvT · �f ext = 0 (24)

In order to avoid a locking problem, a finite element is constructed based on the
enhanced assumed strain method and using reduced integration [20].

The element type is different from the one used for the MINI element. It is a linear
prism element that interpolates the velocities as the only degrees of freedom. Figure 4
shows the element used for this formulation and the alignment of the integration point
along the thickness direction ζ. Trinh et al. [20] discuss, in detail, the element interpolation
along with the position of the integration points.

Figure 4. SHB element shape and integration points locations.

The interpolation of the coordinates xi and the displacements ui are as follows:

xi = xiI NI(ξ, η, ζ) =
n

∑
I=1

xiI NI(ξ, η, ζ) (25)

vi = viI NI(ξ, η, ζ) =
n

∑
I=1

viI NI(ξ, η, ζ) (26)
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where NI , viI and xiI are the shape functions, the nodal velocities and the nodal coordinates,
respectively. Moreover, the lowercase subscript i varies from 1 to 3, representing the spatial
coordinates, and the uppercase subscript I varies from 1 to n, representing the number of
nodes per element [20].

The implementation of the electromagnetic and mechanical solvers is not easy, es-
pecially the coupling between them. The following subsection gives a glimpse of the
numerical implementation adopted in this work.

2.3. Numerical Implementation
2.3.1. Coupling Algorithm

Figure 5 shows a schematic view of the coupling strategy between the electromagnetic
solver and mechanical solver used to solve the MPF problem. A weak coupling is used
for the electromagnetic and mechanical problems. Therefore, each solver (MATELEC,
FORGE) solves its own physical problem separately, independently of the other solver.
Although, after every time increment, the two solvers communicate the corresponding
data and variables between each other. This is known as a loosely-coupled scheme [7].
Moreover, this approach allows adapting the mesh separately for each solver which is
crucial, especially in the electromagnetic solver in which the air surrounding the moving
parts should be remeshed.

Figure 5. Schematic view of the coupling strategy between mechanical and electromagnetic solvers [7].

2.3.2. Shb Element Implementation Algorithm

The SHB element formulation uses prism elements that have been implemented in
a tetrahedral element finite element software. Mahmoud et al. [30] developed a prism
division algorithm that ensures that all prism elements are resembled as a set of tetrahedral
elements in the software, with minimal changes in the code structure. The main idea was
to divide one prism element into six overlapping tetrahedral elements. The overlapping of
elements is crucial so that all the components of the original SHB stiffness matrix could be
presented in at least one of the generated tetrahedral elements.

Figure 6 shows the corresponding tetrahedral elements generated from the divided
prism element. Considering the number of tetra elements sharing each component (node)
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of the prism stiffness matrix, the new stiffness matrices for the tetra elements can be
constructed as follows:

element1 :

⎡
⎢⎢⎢⎣

K11
4

K12
3

K13
3

K14
2

K22
4

K23
3

K24
2

K33
4

K34
2

K44
4

⎤
⎥⎥⎥⎦element2 :

⎡
⎢⎢⎢⎣

K11
4

K12
3

K13
3

K15
2

K22
4

K23
3

K25
2

K33
4

K35
2

K55
4

⎤
⎥⎥⎥⎦ (27)

element3 :

⎡
⎢⎢⎢⎣

K11
4

K12
3

K13
3

K16
2

K22
4

K23
3

K26
2

K33
4

K36
2

K66
4

⎤
⎥⎥⎥⎦element4 :

⎡
⎢⎢⎢⎣

K11
4

K14
2

K15
2

K16
2

K44
4

K45
3

K46
3

K55
4

K56
3

K66
4

⎤
⎥⎥⎥⎦ (28)

element5 :

⎡
⎢⎢⎢⎣

K22
4

K24
2

K25
2

K26
2

K44
4

K45
3

K46
3

K55
4

K56
3

K66
4

⎤
⎥⎥⎥⎦element6 :

⎡
⎢⎢⎢⎣

K33
4

K34
2

K35
2

K36
2

K44
4

K45
3

K46
3

K55
4

K56
3

K66
4

⎤
⎥⎥⎥⎦ (29)

Figure 6. Prism division to six overlapping tetrahedral elements [30].

In this way, the prism element was presented implicitly through the usage of tetrahe-
dral elements and there was no need to profoundly change the code structure used for the
simulation.

3. Magnetic Pulse Forming Case Study

Figure 7 shows the schematic view of the free bulging process. A round flat coil is
used along with a ring-shaped matrix that blocks the displacement at the circumference of
the workpiece. This problem is very convenient for clarifying the coupling between the
electromagnetic and mechanical solvers discussed earlier. The following subsections will
tackle the details of the simulation setup with respect to the electromagnetic simulation
and the mechanical simulation.
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Figure 7. Illustration of magnetic pulse forming setup [38].

3.1. Electromagnetic Simulation Setup

Geometry: Figure 8a shows the geometry of the electromagnetic simulation with the
dimensions. The aluminum workpiece has a 0.5 mm thickness and it is located 0.5 mm
above the coil.

Mesh: Figure 8b shows the mesh used in the electromagnetic simulation. Three-
dimensional global mesh is composed of 43,000 nodes with 260,000 tetrahedral elements.
The element size is selected so that the mesh is fine in regions where strong gradients are
expected and in the proximity of the metallic sheet.

(a) (b)
Figure 8. Electromagnetic simulation setup. (a) Geometry and dimensions of the electromagnetic simulation; (b) mesh
configuration of the electromagnetic simulation.

Simulation properties: Table 1 shows the parameters that define the magnetic proper-
ties of the materials according to Equation (5). Additionally, it shows the parameters of the
machine that produces the electromagnetic field used for the MPF process.

3.2. Mechanical Simulation Setup

Geometry: Figure 9 shows the geometry of the 2◦ section of the workpiece. The work-
piece is fixed in the region of the green ring shown in the figure. The fixed boundary
conditions come from the fact that the perimeter of the workpiece is held by a cylindrical
clamp that prevent it from moving.

Mesh: Different mesh sizes and element types have been used to simulate the mechan-
ical problem and the results were compared. In the results section, each curve will present
the element type and the number of elements used for these results. Mesh study has been
carried out to investigate the difference in results using different mesh sizes in Section 4.3
and the most appropriate mesh sizes are used in the results sections.
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Table 1. Properties of the electromagnetic simulation.

Property Value

Electrical resistivity of Al (ρAl) 4 μΩ.cm

Electrical resistivity of Steel (ρSteel) 73 μΩ.cm

Relative magnetic permeability of Al (μAl) 1

Relative magnetic permeability of Steel (μSteel) 1

Magnetic permeability in vacuum (μ0) 4 π.10−7H.m−1

Machine parameters Umax = 7 kV
Rm = 1 mΩ ; Lm = 3.2 μH; Cm = 552 μF

Time step 1 μs

Figure 9. Geometry and dimensions of the mechanical simulation.

Material properties: Material properties of Al (Al1050 [39]) and Steel (AISI 4130 [40])
used in the simulation are shown in Table 2. On the other hand, Johnson–Cook law was
used to describe the elastoviscoplastic behavior of the materials. Equation (30) shows the
constitutive law used and Table 2 shows the corresponding constants.

σY =
(

A + Bε̄n
pl

)(
1 + C ln

(
ε̇pl

ε̇0

))
(30)

where σY is the yield stress, ε̄pl is equivalent plastic strain, ε̇pl plastic strain rate and ε̇0
initial plastic strain rate.

Table 2. Material properties and Johnson–Cook law parameters of Al and Steel.

Property Al Steel

Elastic modulus (E) 73.1 GPa 200 GPa

Poisson ratio (ν) 0.279 0.3

A 83 MPa 610 MPa

B 426 MPa 750 MPa

C 0.025 0.008

n 0.35 0.25

Boundary conditions: In the direct forming, the Aluminum workpiece is the only
part in the mechanical solver. Thus, there is no contact condition added in this simulation.
However, there is a bilateral sticking condition between the green ring manipulator shown
in Figure 9 and the workpiece. This induces fixed boundary conditions on the circumference
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of the part. On the other hand, the indirect forming contains two metal parts: Aluminum
and Steel. There is a sliding contact condition between Aluminum and Steel so that the
friction does not affect the final deformation results. Table 3 summarizes all the boundary
conditions adopted in this simulation.

Table 3. Boundary conditions for the indirect forming simulation.

Al Steel

Steel Sliding

3D manipulator (matrix) Bilateral sticking Bilateral sticking

3.3. Results Overview

This section is fully dedicated to discussing the results of the MPF problem in the
utmost details possible. The following subsections will tackle two basic types of the MPF
process: direct forming and indirect forming. The former, a 160 mm diameter disc-shaped
workpiece, is formed by MPF directly, whereas the latter, an Aluminum disc, is placed
between the coil and the Steel workpiece since Al has a much higher electrical conductivity
than Steel and will help better form the Steel material [7]. Many tests have been carried out
either by direct forming or indirect forming.

3.3.1. Direct Forming

In this subsection, the results of the direct forming process are presented. Two different
workpieces were tested under direct forming: 0.5 mm thick Al and 1 mm thick Steel. Equiv-
alent strains of both Steel and Al at 7 kV and 3 kV are shown in Figure 10a,b, respectively.
The equivalent strain gives some insights on the local deformation of the workpiece. It
is obvious that the strain distribution on the Aluminum part is more homogeneous than
in the Steel case. This is justified by the fact that Aluminum is a much better electrical
conductor than Steel, which enhances the generated Lorentz forces causing distributed
deformation, whereas in Steel, the deformation is concentrated at the center as it is the
nearest point to the center of the coil.

(a) (b)

Figure 10. Equivalent strain of Steel and Al separately after direct forming using MINI element. (a) Equivalent strain of
Steel at 7 kV; (b) equivalent strain of Al at 3 kV.

More investigations have been conducted on the deformed shapes. Figure 11a,b shows
the deformation profile along the radius of the workpiece at 2 kV and 3 kV, respectively, for
Al material. The simulation was conducted using two elements, MINI and SHB. Numerical
results show good agreement with each other, even though the number of elements of the
SHB element is much smaller than the number of the MINI elements. Likewise, the results
of Steel material are presented in Figure 12a,b for 5 kV and 7 kV, respectively. There is an
overall agreement among the numerical results for both of the elements.

The final deformation of the Steel material is very small and cannot be shaped through
direct forming due to insufficient electrical conductivity and, consequently, not enough
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deformation range. Therefore, the rest of the work is focused on indirect forming in order
to obtain more deformation with the help of an aluminum hammer, which is the same
workpiece used in direct forming (0.5 mm thick).
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Figure 11. Displacement profile of direct forming process of Al. (a) 2 kV; (b) 3 kV.
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Figure 12. Displacement profile of direct forming process of Steel. (a) 5 kV; (b) 7 kV.

3.3.2. Indirect Forming

The indirect forming process results will be the main focus of this section. More
in-depth investigation will be tackled in this subsection. Figure 13 shows the equivalent
strain of the workpiece in the indirect forming case, either for 5 kV or 7 kV. The equivalent
strain in the indirect forming is more homogeneous than that shown in the direct forming
case due to using the Aluminum workpiece underneath the Steel workpiece to enhance the
forming process.

Likewise, numerical simulations are carried out for the indirect case using two ele-
ments: MINI and SHB. More deformation has been noticed for the Steel when used with Al
since it makes use of the electrical conductivity of Al to gain more force to shape the Steel.

Figures 14 and 15 show the displacement profiles for SHB and MINI elements.
The overall conclusion of these results is that the numerical results for both elements
are very close even though the mesh sizes are different.

Overall, the results of the recently implemented element SHB showed very good
agreement with its counterpart MINI element. These results are very encouraging to
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use this element in such complicated simulations as it proved its precision and efficiency.
Although, more investigation is required to better compare the two elements, which will
be introduced in the following section.

(a) (b)

Figure 13. Equivalent strain of Steel and Al after indirect forming using MINI element. (a) 5kV; (b) 7kV.
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Figure 14. Displacement profile of indirect forming process at 5 kV using different elements.

3.4. Simulation Time

The aim of implementing the new element SHB is to use a special element for bending-
dominated problems and obtain accurate results with a low number of elements. The usage
of this element was very remarkable as the simulation time was greatly affected. Figure 16
shows a bar chart for the CPU time needed for both of the electromagnetic and mechanical
simulations, separately, for indirect forming cases at two different voltages, 5 kV and 7 kV.
In contrast to electromagnetic simulation times that were almost identical, the mechanical
simulations times were greatly decreased using the SHB element. The simulation time is
reduced by almost 10× in the SHB case.

Similarly, the CPU time of the direct forming process represents the same trend.
Figure 17 shows the bar chart of the direct forming of Al at two different voltages, 2 kV
and 3 kV. Electromagnetic simulation times are almost identical, whereas the mechanical
simulation time is much lower, 3× for the SHB element than the MINI element. The MINI
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element is used with a mesh of 52,000 tetra elements and SHB elements with 1300 elements.
This difference in the number of elements causes the simulation time difference highlighted
in these figures.
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Figure 15. Displacement profile of indirect forming process at 7 kV using different elements.
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Figure 16. Simulation time of indirect forming process.

Finding a way to reduce the simulation time of the magnetic pulse forming is tremen-
dously important, especially in the optimization processes. Optimization iterations have to
be run to optimize the shape of the workpiece, study the effect of the workpiece’s thickness
and carry out the material parameter identification process. This is considered a crucial
milestone in the simulation of MPF processes and similar problems.
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Figure 17. Simulation time of direct forming process of Al.

4. Discussion

This section is dedicated to giving a better insight of the results, along with discussing
other results that explain the physical intuition of the process. Nevertheless, some chal-
lenges have been encountered while simulating the problem. Therefore, some of these
problems are mentioned in the following subsections along with the proposed solutions.
These problems include determining the final forming time, remeshing of the electromag-
netic domain mesh and the effect of the mechanical mesh on the results. In the following
subsections, the energy notion will be used to explain some of the difficulties that have
been encountered while solving the problem. Therefore, it is important to explain the
energy components that exist in this problem.

The initial energy input in the electromagnetic system is as follows:

Ein =
1
2
· Cele · V2 (31)

where Ein is the input energy, Cele is the electric capacitance of the coil and V is the voltage
applied to the coil.

This energy is equal to the total energy that exists in the system:

Etotal = Eelec + Etherm + EMeca

Eelec = 0

Etherm = 0

(32)

In our case, we are not considering the Eelec that is the dissipated energy due to electric
resistance of the coil. Moreover, Etherm is neglected, which is the dissipated thermal energy
in the coil and in the mechanical system. This leaves only EMeca that is represented by :

EMeca = Eel + Epl + Ekin

Eel =
∫

σ : ε̇eldt

Epl =
∫

σ : ε̇pldt

Ekin =
1
2

ρ · v(x, t) : v(x, t)

(33)
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where Eel , Epl , Ekin are the elastic strain energy, plastic strain energy and kinetic
energy, respectively.

4.1. Final Forming Time

One of the main issues with all these models is determining the final forming time.
At the beginning, the simulation time was set to 150 μs. However, the exact termination
time of the process could not be determined and, by setting a too small value, we obtained
an intermediate displacement profile, not the final one. Figure 18 shows a set of transient
displacement profiles at different time steps. Therefore, a second stop condition has been
added. It is induced from the calculation of a variation of the total energy of the system
between the two last time steps. From this point of view, it is possible to set a threshold
value at which calculation stops once reached. Otherwise, the recorded deformation will
be a transient state and will not represent the real solution.
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Figure 18. Displacement profile of direct forming process of Al at 3 kV.

To better understand this, Figure 19 shows the evolution of the mechanical energy
(strain energy and kinetic energy) of the system in the indirect forming problem. The total
energy increases at the beginning of the process in which the electromagnetic energy is
maximum (electromagnetic energy represents the total energy in the system, it is then
transformed to mechanical energy due to Lorentz force and thermal energy in the system
and some loss as electrical energy in the coil). After some time, the system stops acquiring
energy from the electromagnetic system and mechanical energy stays steady for the rest
of the simulation time (highlighted in red dashed rectangle). The final simulation time is
taken once the steady state value has been reached.

0 100 200 300 400 500

0

2

4

6

·10−4

time[μs]

En
er

gy
[k

J]

Mechanical Energy

Figure 19. Total mechanical energy evolution with forming time.
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4.2. Remeshing of Electromagnetic Domain Mesh

At the beginning, the numerical simulations were carried out using a fixed but fine
mesh in the electromagnetic domain, as shown in Figure 20, since it is more convenient
and more computationally efficient as remeshing takes more computation time. Although
the results were not very satisfactory, by checking the energy transferred between the
electromagnetic mesh and the mechanical mesh shown in Figure 21a, it is obvious that at
the end, there is energy loss.

Figure 20. Electromagnetic mesh without remeshing.
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Figure 21. Electromagnetic energy vs. total mechanical energy of Al direct forming at 3 kV. (a) No Remeshing. (b) Remeshing.

On the other hand, Figure 21b shows the energy transferred with activating remeshing
and the energy loss is negligible. The remeshing algorithm checks the deformation of the
workpiece in the mechanical simulation and remeshes the surrounding of the workpiece
in the electromagnetic simulation. Once the elements around the workpiece are highly
deformed, the remesher refines these elements to maintain good mesh quality. This
technique ensures that the mesh around the workpiece is always fine and clean, and thus
guarantees correct calculations of the electromagnetic field and Lorentz forces, preventing
the loss of energy. Figure 22 shows the electromagnetic mesh with activating remeshing
before and after remeshing process.

Therefore, all the results in the previous subsections are obtained with remeshing
activated. Although this increased the total simulation time, the obtained results can be
trusted and a negligible amount of energy is lost.
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Figure 22. Electromagnetic mesh with remeshing.

4.3. Effect of Mechanical Mesh Refinement

One of the questions that was intriguing while studying this process was the effect
of mechanical mesh on the accuracy of the results. Thus, the indirect forming process has
been simulated again with coarser mesh of the MINI element and its results have been
compared to both the MINI fine mesh and SHB element. Figure 23 shows the displacement
profile of the final deformed profiles for the previously mentioned elements and mesh
sizes. The overall observation of the results is that displacement profiles are too close to
be distinguishable. These results are not very comprehensible, since the MINI element
should be stiffer than the SHB element and using a less number of elements should
alter the displacement results. Moreover, in order to make sure that we have converged
to mesh independent results, the simulation was repeated using more SHB elements,
≈3600 elements, as shown in the black curve. The difference between the red and the black
curves are really small, meaning that the results obtained with the lower mesh size can
be trusted.
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Figure 23. Displacement profile of indirect forming process at 7 kV using different elements and
mesh sizes.

However, more insight has been given to the mechanical energy of the three cases.
Figure 24 shows the total mechanical energy for the three mesh cases. It is fairly noticeable
that the energy of the SHB coarse mesh is the lowest and the MINI element with fine mesh
energy is approaching it with minute difference. However, the energy of the MINI coarse
mesh has a quite higher value. This means that given almost the same final deformation
profile, the energy required is smallest in the case of the SHB element, even with coarse
mesh, while it takes higher energy to achieve the same displacement in the case of using
the MINI element with coarse mesh, and the energy decreases approaching the energy of
the SHB element by refining the mesh. This clearly indicates that the MINI element is stiffer
than the SHB element and would need much finer mesh to achieve comparable results to
the SHB element.
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Figure 24. Total mechanical energy comparisons for different elements and mesh sizes for indirect
forming at 7 kV.

5. Conclusions

An efficient approach for the simulation of the magnetic pulse forming process of thin
sheet metals was developed by combining an electromagnetic solver, relying on Maxwell’s
equations, with a mechanical solver, based on the conservation of momentum equations.
In-depth analysis of the types of the magnetic pulse forming processes was carried out,
namely on direct forming and indirect forming. Tetrahedral element (MINI) and solid-
shell prism element were employed to solve the mechanical problem and quantitative
comparisons were carried out to assess their performance in such applications. The overall
results showed that the accuracy obtained with a low resolution SHB approach (low
number of elements) was comparable to that of a high resolution MINI element based
technique (high number of elements). The SHB element was shown to be less stiff than the
MINI element. Finally, a computational cost study was carried out and demonstrated a
higher computational efficiency for the SHB element since a smaller number of elements
could be used while maintaining comparable accuracy to that of the MINI element. These
results are very promising to study the performance of the SHB element, not only in MPF
application but also in other applications. Many challenges were encountered during
the simulation of this multi-physics problem and some solutions to overcome them were
devised. First, the final forming time. It was very challenging to determine the exact
final simulation time since the deformation takes place in the order of magnitude of
milliseconds. Consequently, criteria based on measuring the change in the mechanical
energy variation were adopted to find the termination time at which the energy variation
is minimum. Second, the electromagnetic mesh had to be adjusted to consider the new
mechanical deformation since the electromagnetic solution is highly dependent on the
spatio-temporal evolution of the deformation of the workpiece in the mechanical problem.
Hence, a remeshing strategy was utilized for the electromagnetic mesh and the results
were compared to those conducted without the remeshing step.
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Abstract: The spring back behavior of large complex multi-feature parts in the rigid-flexible sequential
forming process has certain special characteristics. The hydraulic pressure loading locus has a
significant influence on the spring back of small features of the part, and the applicability of the
spring back prediction model to the process needs further research. Therefore, this paper takes
the large aluminum alloy inner panel of an automobile as the research object, and the spring back
model and the influence laws of the hydraulic pressure loading locus are revealed by combining
the theoretical analysis and numerical simulation with the process tests. Meanwhile, based on
the theoretical prediction and experimental results, the spring back compensation of the complex
inner panel is carried out. Results show that the hardening model has a greater impact on the
accuracy of spring back prediction than the yield criterion does, and the prediction accuracy of
Barlat’89 + Yoshida–Uemori mixed hardening model is the highest. Finally, the optimized loading
locus of hydraulic pressure is obtained, and the accuracy results of the compensated parts verify the
accuracy of the analysis model.

Keywords: spring back behavior; prediction model; large multi-feature thin-walled part; hydroforming;
rigid-flexible sequential loading forming

1. Introduction

The spring back problem has always been a hotspot in the field of sheet metal forming.
Since the last century, scholars have carried out a large number of fruitful and effective
studies on the spring back of sheet metal. The research methods include the analysis of
spring back theory of typical simple shape, the establishment of spring back prediction
model, and the analysis by combing numerical simulation with experiments [1–3]. For
the spring back research of ordinary steel sheet parts such as carbon steel, stainless steel,
and automobile steel, we have accumulated a wealth of experimental data and have
mature research methods. However, for aluminum alloys, especially large, multi-featured,
aluminum alloy, thin-walled parts, due to the complexity of deformation process and the
particularity of the process, the spring back data have not accumulated in large quantities,
and there is a lack of precise spring back behavior research and prediction model analysis
for these kinds of material parts [4–7].

In the manufacturing of large, complex, multi-feature, thin-walled parts, the hydro-
forming technology has great advantages. Due to the uniform load of the high-pressure
fluid, the deformation degree and uniformity of the blank are great, which can effectively
reduce the spring back and improve the forming performance. However, for the precise
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hydroforming of complex, small, rounded corners and small features, it is necessary to load
a large hydraulic pressure, which will lead to an increase in the required tonnage of the
equipment. Meanwhile, it is very difficult for the part of the blank that has been molded to
feed into the deformation zone. The blank in the deformation zone can only depend on the
thinning of its wall thickness to adhere to the die. It is very easy to cause excessive thinning
or even cracks [8–10]. In order to solve this problem, the authors propose a rigidflexible
sequential loading forming process, which takes advantage of the dual technology of hy-
droforming and rigid forming, and sequentially forms the overall features and local small
features of parts. The selection of the hydraulic pressure loading locus has an important
influence on the spring back of the local features. Meanwhile, the accuracy of the spring
back prediction results is also largely determined by the expression of the mechanical
properties of the material. The anisotropy and Bauschinger effect are two important aspects
that directly affect the accuracy of spring back prediction. The anisotropy of the material
is closely related to the yield criterion chosen, while the Bauschinger effect is directly
related to the plastic hardening model chosen [11–13]. Therefore, the coupling matching
between the yield criterion and the plastic hardening model is of great significance for
spring back prediction.

At present, more studies focus on the bending deformation of aluminum alloys and
the spring back of small simple parts. There are few studies on the spring back behavior
and prediction models of large, complex, multi-feature parts. Appiah et al. [14] studied the
U-bending process of aluminum alloy AA6111-T4. The prediction model used was based
on the Armstrong–Frederick model, and a new hybrid hardening model was proposed.
The research results showed that the spring back is inversely related to the residual stress.
Kinzel et al. [15] studied the spring back behavior of aluminum alloys AA6022-T4 and
AA6111-T4, and verified the accuracy of the proposed spring back prediction model
considering the Bauschinger effect. Tamura et al. [16] studied the spring back behavior of
aluminum alloy AA5052-O and AA6016-T4 sheets, and discussed the planar anisotropy,
Bauschinger effect, and cyclic hardening properties of the materials under the framework
of Yoshida–Uemori hardening model and anisotropic yield criterion. Zhang et al. [17]
used the Numisheet’93 U-bending test as an example to calculate the effect of different
hardening models on the spring back of aluminum alloy sheets. The results showed that
the spring back amount predicted by the isotropic hardening model is too large, and that
predicted by the linear kinematic hardening model is small, but the proposed nonlinear
mixed hardening model has high accuracy for predicting the spring back of a sheet under
complex loading.

The spring back behavior of large, complex, multi-feature parts in the rigid-flexible
sequential forming process has certain special characteristics. The hydraulic pressure
loading locus has an important influence on the spring back of small features of the part,
and the applicability of spring back prediction model to the process needs further research.
Therefore, this paper takes the large aluminum alloy inner panel of an automobile as the
research object, the influence laws of the hydraulic pressure loading locus and spring back
model are revealed by combining the theoretical analysis and numerical simulation with
the process tests. Meanwhile, based on the theoretical prediction and experimental results,
the spring back compensation of the complex inner panel is carried out. The accuracy
results of the compensated parts verify the accuracy of the analysis model.

2. Analysis of Rigid-Flexible Sequential Loading Forming Process

2.1. Part Material and Spring Back Characteristics

The inner panel of the engine hood and the key local features studied in this paper are
shown in Figure 1. Its shape dimensions are 1378.41 mm in length, 481.71 mm in width, and
81.05 mm in height. It has the characteristics of large overall size, small local features, and
complex shape. The minimum radius of rounded corners is 2.0 mm. For the four key local
features shown in Figure 1, their forming method adopted rigid-flexible sequential forming,
that is, the local rigid shaping was performed by hydroforming at the mold closing position
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at the bottom of die. The material of the part is aluminum alloy 5182-O, the thickness is
1.0 mm, and its mechanical property was obtained by the uniaxial tensile test. The sample,
with the width D 12.46 mm, was processed according to the shape and size of Figure 2 and
relevant requirements of GB/T228.1-2010 and was selected in three directions, which are
0◦, 45◦, and 90◦, respectively, with the rolling direction. In order to avoid the contingency
of the test, two specimens were prepared for tensile test in each direction. The tensile strain
rate was 0.005 s−1. The test results are in Table 1.

 
Figure 1. The inner panel of the engine hood and the key local features.

 
Figure 2. Geometry of tensile specimen.

Table 1. Mechanical properties of aluminum alloy 5182-O.

Parameters Value

Yield strength, σs0/MPa 119
Yield strength, σs45/MPa 118
Yield strength, σs90/MPa 116
Tensile strength, σb0/MPa 271
Tensile strength, σb45/MPa 266
Tensile strength, σb90/MPa 264

Elongation rate, δ0/% 28
Elongation rate, δ45/δ90/% 28.5

Work-hardening exponent, n 0.34
Anisotropy coefficient, r0 0.73
Anisotropy coefficient, r45 0.65
Anisotropy coefficient, r90 0.6
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For this complex, multi-feature inner panel, the main detection positions of spring
back are at the edge of contour and inner hole, which are the main positions of edge
wrapping and assembly, and need to meet tolerance requirements. The edge is close to the
punch nose, and the material inflow must undergo bending–reverse bending deformation,
which is susceptible to cyclic hardening, and the Bausinger effect is strong. The inner hole
edge also undergoes bending–reverse bending deformation in the hydroforming process,
and the Bauschinger effect is obvious, the spring back can be reduced by improving the
hydraulic pressure loading locus.

2.2. Rigid-Flexible Sequential Loading Forming

Figure 3 shows the principle of the rigid-flexible sequential loading forming process.
The sheet metal undergoes hydroforming and precise clamping and shaping of local
rigid inserts set at the bottom of the liquid chamber, so that the parts not formed in the
hydroforming stage are formed in place, and the sequential precise forming is achieved.
The spring back behavior of the part is affected by the hydraulic pressure loading locus and
presents complex nonlinear characteristics. The initial hydraulic pressure should not be too
large, otherwise the friction between blank and punch will keep a higher level, which is not
conducive to material flow, resulting in more storage and serious spring back. Based on this,
the initial hydraulic pressure should be within a range, which is represented by PInitial-min
and PInitial-max in Figure 4. Meanwhile, the hydraulic pressure should not be prematurely
loaded. If the loading is too early, the sheet will be intimately attached to the sharp features
on the punch, which will result in uneven flow of the blank and a large spring back after
cutting. Figure 4 shows that the hydraulic pressure begins to be loaded after the punch
stroke reaches S0. The maximum hydraulic pressure in the later forming stage also plays
an important role, too large or too small will have a negative impact on spring back. The
range of maximum hydraulic pressure is expressed by PLater-min and PLater-max in Figure 4.

2.3. Spring Back Measuring Equipment and Scheme

In order to obtain the original spring back data of aluminum alloy inner panel in the
rigid-flexible sequential forming, the spring back compensation was not carried out in
advance. The initial values of spring back of the specimen profile were measured and
obtained after forming and cutting. Based on the initial measured values and theoretical
prediction results of spring back, the specimen was subjected to compensation, the mold
was modified, and a new round of forming, cutting, and spring back measurement was
performed. By comparison, the accuracy of the theoretical model was verified.

 
Figure 3. Principle of rigid-flexible sequential loading forming and equipment.
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Figure 4. Range of hydraulic pressure loading path.

The measuring device with accuracy of 0.02 mm and reference of spring back is shown
in Figure 5. The measurement value was obtained by comparing the cut profile with the
checking tool profile. S1, S2, S3, S4, S5, S6, S7, and S8 are reference planes, respectively, with
tolerances of 0–0.2 mm. H and h are reference hole positions, and their coordinates are H
(−155, 435, 735), h (−416, −260, 659). Both reference holes have the nominal diameters of
20 mm and the diameter tolerances of 0–0.1 mm. The spring back measurement positions
of the profile are shown in Figure 6, which are 5 position areas of 4S, 5S, 6S, 7S, and 8S,
respectively. Twenty-five points were measured in 4S area, 14 points were measured in
5S area, 25 points were measured in 6S area, 16 points were measured in 7S area, and
8 points were measured in 8S area. Among them, the spring back tolerance of measuring
points in 4S and 5S areas was ±0.5 mm, and that of measuring points in 6S, 7S, and
8S areas was ±0.7 mm. There were two specimens measured before and after spring
back compensation.

 
(a) (b) 

Figure 5. Measurement device and reference of spring back. (a) Three-coordinates measuring
machine; (b) Measurement reference.
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Figure 6. The spring back measurement positions of the profile. The 4S–8S arears are the measurement
positions of spring back. Each area measures different points.

3. Spring Back Prediction Model

The accuracy of spring back prediction results for rigid-flexible sequential forming of
the large, multi-feature part depends largely on the expression of mechanical properties of
materials, except for the key process parameters. The anisotropy and Bauschinger effect are
two important aspects that directly affect the accuracy of spring back prediction [18–21]. The
aluminum alloy sheets used in the rigid-flexible sequential forming are mostly obtained by
repeated rolling and heat treatment. They have obvious fiber structure, crystalline selective
orientation, and significant anisotropy. The anisotropy of materials is closely related to
the yield criteria selected. Therefore, the accurate selection of yield criteria is of great
significance for the numerical simulation of spring back. At present, the commonly used
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anisotropic yield criteria are Hill’48 anisotropic yield criterion and Barlat’89 anisotropic
yield criterion.

Based on the Mises yield criterion, Hill proposed the anisotropic yield condition in
1948 [22]:

f =
√

F(σ2 − σ3)
2 + G(σ3 − σ1)

2 + H(σ1 − σ2)
2 + 2Lσ2

23 + 2Mσ2
31 + 2Nσ2

12 = σ (1)

where F, G, H, L, M, and N are the anisotropic parameters of the material.
The Lankford constant is defined as follows:

r0 =
H
G

, r45 =
2N − (F + G)

2(F + G)
, r90 =

H
F

(2)

Therefore, the relationship between the anisotropy parameters and the Lankford
constant is as follows:

F =
r0

(1 + r0)r90
, G =

1
1 + r0

, H =
r0

1 + r0
, N =

(r0 + r90)(1 + r45)

2r90(1 + r0)
(3)

The L and M cannot be measured, so L = M = N can be considered. The anisotropic
parameters in Hill’48 yield function for 5182-O aluminum alloy are F = 0.703, G = 0.578,
H = 0.422, and N = 1.057.

In 1989, Barlat et al. proposed a new yield criterion based on the in-plane anisotropy of
materials. The yield criterion has been widely used because of its good calculation results
for the stress–strain curves of aluminum alloy under biaxial tension. The equation is as
follows [23]:

σ =
{ a

2
[
(σ1 − σ3)

m + (−h)m(σ2 − σ3)
m]+ (

1 − a
2

)
(σ1 − σ2 − 2σ3)

m
}1/m

(4)

where m is a parameter related to the crystal structure, m = 6 when the material is a
body-centered cube, and m = 8 when the material is a face-centered cube. a and h are the
anisotropic constants. For the 5182-O aluminum alloy, m = 8, a = 1.204, and h = 1.061.

The plastic hardening model is used to describe the variation of the subsequent
yield function in the stress space after the material enters the plastic stage. It is related
to the stress state, plastic strain, and hardening parameters of the material. For plastic
reinforced materials, the commonly used hardening models are the isotropic hardening
model, kinematic hardening model, and mixed hardening model.

Another important factor affecting spring back prediction accuracy of rigid-flexible
sequential forming of aluminum alloy sheets is the Bauschinger effect. Especially in the
forming process of complex, multi-feature inner panel, the material will repeatedly undergo
forward loading, reverse loading, unloading, and other states, and the yield strength will
be reduced. The Bauschinger effect is obvious. Therefore, the Bauschinger effect should
be taken into account when choosing the hardening model. In the mixed hardening
model, Yoshida–Uemori model is commonly used in many finite element analysis software
programs. The model establishes a two-sided model for cyclic loading conditions, which
introduces a boundary surface based on the yield surface, defines the isotropic hardening
and kinematic hardening model in the boundary surface, and establishes the anisotropic
characteristics of the material. The isotropic hardening model describes the work hardening
phenomenon in the deformation process of the material, and the kinematic hardening
model describes the reverse softening phenomenon, so the boundary surface is mixed
hardening. The yield surface is rigidly translated in the boundary plane, which is the
kinematic hardening. The model also effectively describes the Bauschinger effect [24,25].

The relative relationship between the yield surface and the boundary surface of the
Yoshida–Uemori hardening model is as follow [26]:

α = α∗ − β (5)
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α = B + R − Y (6)

where α is the back stress describing the hardening of the yield surface. β is the back stress
describing the hardening of boundary surface. α* is the difference between back stress α
and β (MPa). B is the initial value of boundary surface (MPa). Y is the initial value of yield
surface (MPa). R is the isotropic strengthening stress.

In the Yoshida–Uemori model, the boundary surface is mixed hardening. The expres-
sions are as follows:

Isotropic hardening :
.
R = m(Rsat − R)

.
p (7)

Kinematic hardening :
.
β = m

(
2
3

bDp − β
.
p
)

(8)

where Rsat is the saturation value of the isotropic strengthening stress R (when the strain
is infinite), m is the material isotropic strengthening rate parameter, and b is the material
parameter. Dp and

.
p are both the equivalent plastic strain rate.

Yoshida revised the original model to deal with the rapid change of work hardening
rate after the initial yield in most cases. The parameters C1 and C2 are defined for the
difference between the forward and reverse loading. The correction is as follows [27]:

R = Rsat

[
(C1 + εp)C2 − C1

C2
]

(9)

The revised Yoshida–Uemori hardening model has nine parameters: Y, B, C, Rsat, b,
m, h, C1, and C2. For the 5182-O aluminum, alloy, these parameters, obtained by tests, are
shown in Table 2.

Table 2. Parameters for the revised Yoshida–Uemori hardening model of aluminum alloy 5182-O.

Y/MPa B/MPa C Rsat/MPa b/MPa m h C1 C2

135.62 149.523 432.685 172.853 40.271 10.8 0.25 0.036 0.38

The spring back prediction models were obtained by matching different yield criteria
and plastic hardening models. For the large, complex, multi-feature inner panel, four
spring back models were studied, including Barlat’89 + Hollomon isotropic hardening
model, Hill’48 + Hollomon isotropic hardening model, Hill’48 + Yoshida–Uemori mixed
hardening model, and Barlat’89 + Yoshida–Uemori mixed hardening model. Meanwhile,
the applicability of spring back models to the rigid-flexible sequential loading forming
process was verified.

4. Results and Discussion

4.1. Prediction Accuracy of Spring Back Model

From the perspective of plasticity theory, the complete material model should include
the material flow stress relationship, the initial yield criterion, and the subsequent yield
hardening model. In the simulation, the associated flow theory was used in the flow
relation equation. The combination of different initial yield criteria and hardening models
with the true stress–strain relationship of the material obtained by tensile tests formed
different material models and different spring back prediction models. The rigid-flexible
sequential forming process of aluminum alloy automobile inner panel is a complex plastic
deformation process. The applicability of different spring back models to this process needs
further study.

The comparisons between the prediction results of the four kinds of spring back
models and the test results in different measurement areas are shown in Figure 7. It
can be seen that the prediction results of spring back models are larger than the test
values. The prediction accuracy of Barlat’89 + Yoshida–Uemori mixed hardening model
is the highest and its consistency with the test results is the best. The second is the
Hill’48 + Yoshida–Uemori mixed hardening model; the prediction accuracy of the spring
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back model combined with Hollomon isotropic hardening model is lower. The spring back
predicted by isotropic hardening model is larger than that predicted by mixed hardening
model, and the difference between the values of isotropic hardening model and test is also
larger. When the isotropic hardening model is adopted, the prediction accuracy of the
Hill’48 yield criterion is slightly higher than that of the Barlat’89 yield criterion. When the
mixed hardening model is adopted, the prediction accuracy of the Barlat’89 yield criterion
is significantly higher than that of Hill’48 yield criterion. In general, the hardening model
has a greater impact on the accuracy of spring back prediction than the yield criterion does.

 

  

 

Figure 7. The comparisons between prediction results and the test results: (a) 4S area, (b) 5S area,
(c) 6S area, (d) 7S area, and (e) 8S area.
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In the 4S measurement area, the predicted trends of spring back model and the test
results are basically the same, but the values are quite different. The maximum position
of spring back measured by test is point 21, and the maximum value is 3.49 mm. The
maximum positions of spring back obtained by the four prediction models are all at
point 14. The maximum values are 5.3 mm, 5.5 mm, 4.8 mm, and 4.0 mm, respectively. The
experimental value of spring back at point 14 is 1.21 mm, which is closest to the prediction
result of Barlat’89 + Yoshida–Uemori mixed hardening model. However, the prediction
values of four spring back models at point 21 are 2.8 mm, 2.7 mm, 2.5 mm, and 2.5 mm,
respectively, which is closest to the prediction of Barlat’89 + Hollomon isotropic hardening
model. The predicted values of spring back models in other measurement areas are in good
agreement with the test values, and the prediction accuracy of Barlat’89 + Yoshida–Uemori
mixed hardening model is the highest.

4.2. Effect of Hydraulic Pressure

The Barlat’89 + Yoshida–Uemori mixed hardening model was used to investigate the
effect of hydraulic pressure on the spring back behavior of the part due to the fact that it has
high accuracy for describing the deformation of aluminum alloy and the process of rigid-
flexible sequential loading forming. The initial hydraulic pressure paths designed according
to the analysis of Section 2.2 and the corresponding spring back values of different areas
are depicted in Figure 8. It can be seen that the spring back values in different areas using
loading path D are the largest. Because of the late loading of hydraulic pressure, more
blank inflow led to inadequate deformation and large spring back after cutting. Meanwhile,
the spring backs of specimens obtained by loading paths A and B with big initial hydraulic
pressure are also large due to the high friction level between the blank and punch in initial
hydroforming stage. In comparison, the loading paths E and F have the low spring back
values and uniform wall thickness distribution. The suitable loading stroke in paths E and
F means the blank will not be intimately attached to the sharp features on the punch and
have the uniform flow. Finally, the optimized path F has the smallest spring back and the
best result.

For the spring back of the specimen, the maximum hydraulic pressure also plays a
significant role. If it is too large, the concave rounded corner of the part will fracture due
to the failure of materials filling during the deformation process. If it is too small, the
convex rounded corner of the part will rupture due to the insufficient friction conservation
effect. Those will have an important impact on spring back at the same time. Therefore,
the designed five loading paths of maximum hydraulic pressure are depicted in Figure 9.
The corresponding maximum spring back values are shown in Figure 10. Meanwhile, the
unevenness level of wall thickness is introduced for further study on the spring back, which
is defined as:

γ =
tmax − tmin

t0
× 100% (10)

where tmax is the maximum wall thickness and tmin is the minimum wall thickness. The
variation of γ is depicted in Figure 10.

It can be seen that when the maximum hydraulic pressure is 12 MPa, the maximum
spring back value of the specimen is the smallest, which is 3.8 mm, and the uniformity
of wall thickness distribution is the highest. When the maximum hydraulic pressure is
14–18 MPa, the spring back of the specimens varies slightly, but the uniformity of wall
thickness distribution varies greatly. Similarly, when the maximum hydraulic pressure
is 10 MPa, the wall thickness of the specimen decreases seriously and the distribution
uniformity is poor due to the insufficient friction conservation effect during the forming
process. Therefore, the selection of the maximum hydraulic pressure needs to satisfy the
double conditions of spring back and wall thickness distribution.
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Figure 8. Initial hydraulic pressure paths and the corresponding spring back values of different areas.
This figure is the spring back values of different areas (4S–8S areas) under different hydraulic pressure
paths. The hydraulic pressure paths are in the first figure of Figure 8.
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Figure 9. The designed five loading paths of maximum hydraulic pressure.

 
Figure 10. The maximum spring back values and unevenness level of wall thickness with different
maximum hydraulic pressures.

4.3. Spring Back Measurement and Compensation Results

The comparison of spring back values of specimens after compensation is shown in
Figure 11. Before the spring back compensation, the qualified rate of the two measured
specimens is 37.5% and 40.91%, respectively. The consistency of spring back values of each
measuring point is good, which shows that the measurement accuracy is high. Meanwhile,
it can be seen from the figures that the qualified rate of spring back in 4S area is 0%, and the
maximum value of spring back is 3.49 mm. The qualified rate in 5S area is 14.29%, and the
maximum value is 2.86 mm. The results of spring back measurement of two specimens in
6S area are slightly different. The qualified rate of specimen 1 is 48%, and that of specimen
2 is 64%, the maximum value of spring back of both specimens is 2.42 mm. The qualified
rate in 7S area is higher, close to 100%. The spring back value in one place of specimen 1 is
only 0.72 mm, which just exceeds the tolerance requirement. The two specimens in 8S area
have good consistency, the qualified rate of spring back is 50%, and the maximum value
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is 1.28 mm. From the above measurement results, it can be seen that the qualified rate of
spring back around the part edge is low and the spring back values of the profile are large.
The qualified rate of the edge of inner hole and the key checked profile is high, and the
corresponding spring back values are small, which are inseparable from the uniform load
of high-pressure liquid in the forming process.

  

  

 

Figure 11. The comparison of spring back values of specimens after compensation: (a) 4S area,
(b) 5S area, (c) 6S area, (d) 7S area, and (e) 8S area.
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The qualified rates of spring back of the two measured specimens after the average
compensation through the predicted and measured results are 86.36% and 87.5%, respec-
tively, which are 48.86% and 46.59% higher than those before the spring back compensation.
The maximum spring back value is also located in the 4S area, which is 1.99 mm and
42.98% lower than that before the compensation. It is indicated that the suitable spring back
compensation using the average compensation method can effectively reduce the spring
back of specimens and improve the final forming accuracy for the rigid-flexible sequential
loading forming process of aluminum alloy inner panel.

5. Conclusions

(1) For the large, complex, multi-feature inner panel, four spring back models are studied,
including Barlat’89 + Hollomon isotropic hardening model, Hill’48 + Hollomon
isotropic hardening model, Hill’48 + Yoshida–Uemori mixed hardening model, and
Barlat’89 + Yoshida–Uemori mixed hardening model. Results show that the hardening
model has a greater impact on the accuracy of spring back prediction than the yield
criterion does, and the prediction accuracy of Barlat’89 + Yoshida–Uemori mixed
hardening model is the highest.

(2) The hydraulic pressure loading path plays a significant role in the specimen spring
back. The optimized path F obtains the smallest spring back and uniform wall
thickness distribution. Meanwhile, when the maximum hydraulic pressure is 12 MPa,
the maximum spring back value of the specimen is the smallest, which is 3.8 mm, and
the uniformity of wall thickness distribution is the highest.

(3) The qualified rates of spring back of the measured specimens after the average com-
pensation through the predicted and measured results are improved significantly. The
suitable spring back compensation can effectively reduce the spring back of speci-
mens and improve the final forming accuracy for the rigid-flexible sequential loading
forming process of aluminum alloy inner panel.
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Abstract: In the present work, the compatibility relationship on the failure criteria between aluminium
and polymer was established, and a mechanics-based model for a three-layered sandwich panel
was developed based on the M-K model to predict its Forming Limit Diagram (FLD). A case study
for a sandwich panel consisting of face layers from AA5754 aluminium alloy and a core layer from
polyvinylidene difluoride (PVDF) was subsequently conducted, suggesting that the loading path
of aluminium was linear and independent of the punch radius, while the risk for failure of PVDF
increased with a decreasing radius and an increasing strain ratio. Therefore, the developed formability
model would be conducive to the safety evaluation on the plastic forming and critical failure of
composite sandwich panels.

Keywords: formability; M-K model; failure criteria; composite sandwich panel

1. Introduction

The Forming Limit Diagram (FLD) is a mature method to describe the formability of
sheet metals. The right side of the FLD, representing positive minor and major strain, was
proposed by Keeler and Backofen [1] and subsequently extended by Goodwin [2] with
the addition of the negative minor strain. As the metals exhibit different behaviour at
various strain rates and temperatures, multiple Forming Limit Curves (FLCs) are generally
presented on a single FLD, of which biaxial strain states could represent necking and
subsequent failure.

The Nakajima test is one of the most commonly used methods to determine the FLD,
and has been defined in standards such as ISO 12004-2 [3] and BSI 12004-2 [4], in which
an upper and lower die with draw beads are applied to ensure the flow of the sheet metal
along the perimeter of the hole, and a hemispherical punch is used to plastically deform the
material. Sheet metal samples are designed with different widths, which leads to a varied
strain ratio between the lateral direction (minor strain) and longitudinal direction (major
strain). In order to demonstrate a linear strain ratio evolution (loading path), a lubricant is
used to minimise the friction. Consequently, the samples with different strain ratios are
able to capture linear loading paths, and their critical strains at the verge of necking could
be recorded on FLCs. The FLD is subsequently generated by obtaining multiple critical
strains from different sample designs.

Theoretical FLD prediction models have been the subject of significant research, with
the development of models including the Swift’s diffuse necking model [5], Hill’s localized
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necking model [6], the bifurcation analysis-based models [7] and the Marciniake-Kuczynski
(M-K) model [8]. Especially, the M-K model enabled the prediction of forming limits for var-
ious metals, such as 2060 aluminium alloy [9], 7075 aluminium alloy [10], DP1180 steel [11]
and DC01 low-carbon steel [12] at different loading paths, strain rates and elevated tem-
peratures. When combined with the rate-dependent plasticity, polycrystal, self-consistent
(VPSC) model, the model was able to realistically predict the fracture behaviour of met-
als [13]. The fracture angle and local inhomogeneous deformation bands could also be
predicted by considering the effect of plastic anisotropy into the model [14]. In addition
to the FLD, a generalised forming limit diagram (GFLD) allowing proportional loading
with all six independent stress components could be obtained by using the M-K model [15],
which has been applied to the prediction of the mesoscaled deformation of clad foils [16].

In recent years, sandwich panels bonded by a polymer as the core layer and metals as
the skin layers are being increasingly applied to the construction [17–19], aircraft [20,21]
and automobile sectors [22] due to the excellent strength/stiffness-to-weight ratio, thermal
insulation, bearing capacity and cost-effectiveness [23]. Among them, sandwich panels
made from aluminium alloys and polyvinylidene difluoride (PVDF) have found particu-
lar applications on lightweight sealing and insulating components due to PVDF’s strong
chemical resistance, oxidation resistance and shock resistance. Moreover, the range of appli-
cations increased by the inclusion of multiwalled carbon nanotubes (MWCNT) reinforced
honeycomb structures to enhance the damping effect [24,25]. At present, a great challenge
on the application of the sandwich panels is that the core polymer layer is found to fail
earlier than the skin metal layer due to its low resistance to normal pressure. In order to
increase the formability of polymer layers, polyethylene [26], polymethyl-methacrylate
(PMMA) [27] and polypropylene-polyethylene [28] were applied as adhesion layers. In
addition, a density-based topology optimization method was designed and integrated
with a multistage algorithm (GA) to optimise the formability of the carbon-fibre-reinforced
thermoplastics as the core material of the sandwich panels [29]. To this end, although great
efforts have been made to improve the performance of these metal-polymer sandwich
panels, the fracture mode and crack propagation of polymers is different to those of metals,
leading to lower FLCs and thus earlier failure of the polymer layers [30]. However, the
traditional FLD model is not capable of predicting the formability of composite materials,
resulting in inaccurate failure prediction of the sandwich panels.

In order to overcome this limitation, the compatibility relationship on the failure
criteria between aluminium and polymer layers was established in the present work, and a
mechanics-based model for a three-layered sandwich panel was subsequently developed
based on the M-K model to predict its formability. Consequently, the critical failures of the
sandwich panel at various strain ratios and curvature radii were predicted. Furthermore,
the analytical failure solution of the sandwich panel consisting of two AA5754 aluminium
alloy layers and a polyvinylidene difluoride (PVDF) layer was presented as a case study,
demonstrating the curvature-radius-dependent FLD.

2. The Mechanics-Based Analysis of the Nakajima Test with Sandwich Panels

2.1. Principles of Plastic Deformation

The Logan-Hosford yield criterion [31] was applied as the principle to describe the
anisotropic behaviour of metal layers under the plane stress state:

R2σl
1 + R1σl

2 + R1R2(σ1 − σ2)
l = R2(R1 + 1)σl (1)

R1(2dε2 + dε1)
l + R2(2dε1 + dε2)

l + R1R2(dε1 − dε2)
l = R2(R1 + 1)dεl (2)

where R1 and R2 were the r-values in the first and second principal directions, and l was
a material constant. If a stress ratio was defined as α = σ2/σ1, Equation (1) could be
rewritten as:

[R2 + R1αl + R1R2(1 − α)l ]σl
1 = R2(R1 + 1)σl (3)
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The external loading path was assumed as linear, leading to a constant strain ratio
β = dε2/dε1 = ε2/ε1. Consequently, the equivalent strain was expressed as:

[R1(2β + 1)l + R2(β + 2)l + R1R2(1 − β)l ]εl
1 = R2(R1 + 1)εl (4)

The constitutive relationship of the sheet metal was described as a power law between
the flow stress and plastic deformation, where K was the strength coefficient and n was the
strain-hardening exponent:

σ = Kεn (5)

The associate flow rule was used to describe the plastic flow behavior as Equation (6)
by defining a positive scaler dλ, in order to establish the relationship between dεij and
∂σ/∂σij. As a result, the strain ratio β could be expressed as a function of the stress ratio α,
as shown in Equation (8).

dεij = dλ
∂σ

∂σij
→ dλ = dεij/

∂σ

∂σij
(6)

dε1

R2σl−1
1 + R1R2(σ1 − σ2)

l−1 =
dε2

R1σl−1
2 − R1R2(σ1 − σ2)

l−1 (7)

β =
R1α − R1R2(1 − α)l−1

R2 + R1R2(1 − α)l−1 (8)

2.2. Strain and Stress Analysis of Sandwich Panels

In the Nakajima tests, the friction was generally ignored in the derivation under the
lubricated conditions. Therefore, the failure would occur at the apex of the dome in the
frictionless case. Figure 1 shows the stress state at an infinitesimal apex element in a single
metal layer, of which the stress equilibrium along the thickness direction was derived as:

2σ1tRdθ sin
dϕ

2
+ 2tRdϕ sin

dθ

2
= pR2dθdϕ (9)

where R was the radius of the punch, t was the thickness at the deformed stage, and p was
the contact pressure between the sheet and forming tools on the element. Considering that
sin dϕ

2 ≈ dϕ
2 and sin dθ

2 ≈ dθ
2 for the infinitesimal elements, the stress equilibrium equation

could be simplified as:
(σ1 + ασ1)t = pR (10)

The stress equilibrium equation was modified for the three-layered sandwich panel,
consisting of two skin metal layers (layer I and III) and one core polymer layer (layer II),
as shown in Figure 2. For each layer, Equations (9) and (10) remained valid as long as
the contact pressure was amended to the pressure difference between the top and bottom
surfaces, considering that the contact pressure decreased from the inner face to the outer
face. Thus, the stress equilibrium was developed as Equations (11)–(13):

(σI
1 + αIσI

1)t
I = (p1 − p2)R (11)

(σI I
1 + αI IσI I

1 )tI I = (p2 − p3)R (12)

(σI I I
1 + αI I IσI I I

1 )tI I I = (p3 − p4)R (13)

where σI
1, σI I

1 and σI I I
1 were the first principal stresses on each layer, tI , tI I and tI I I were the

thicknesses of each layer at the deformation stage, and p1, p2, p3 and p4 were the contact
pressures on each contact surface.
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Figure 1. Stress at an infinitesimal apex element in a single metal layer.

Figure 2. Structure of the three-layered sandwich panel.

Based on the volume constancy, the relationship between the initial thickness and the
first principal strain, ε1 could be derived as:

ln
tI/I I/I I I

tI/I I/I I I
0

= ε3 = −ε1 − ε2 = −(1 + β)ε1 (14)

where tI/I I/I I I
0 was the initial thickness of each layer. Note that the strain components and

strain ratio β in the three layers were the same, due to the compatibility.
By eliminating tI , tI I and tI I I in Equations (11)–(14), the relationship of strains was

simplified as:

R · exp[(1 + β)ε1] =
tI
0σI

1(1 + αI)

p1 − p2
=

tI I
0 σI I

1 (1 + αI I)

p2 − p3
=

tI I
0 σI I I

1 (1 + αI I I)

p3 − p4
(15)

2.3. Failure Criteria of Polymer Layer

A critical normal pressure pcp was defined as the failure criteria of the polymer layer.
Thus, the boundary conditions at failure were the contact pressure p2 = pcp applied on
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the polymer layer and p4 = 0 applied on the skin layer. As a result, Equation (15) was
rewritten as:

R · exp[(1 + β)ε1] =
tI
0σI

1(1 + αI)

p1 − pcp
=

tI I
0 σI I

1 (1 + αI I)

pcp − p3
=

tI I I
0 σI I I

1 (1 + αI I I)

p3
(16)

Combining Equations (3) and (4), the power law of Equation (5) was modified
as below:

[
R2 + R1αl + R1R2(α − 1)l

R2(R1 + 1)
]

1/l

σ1 = K[
R2(β + 2)l + R1(2β + 1)l + R1R2(β − 1)l

R2(R1 + 1)
]

n/l

εn
1 (17)

By eliminating σI/I I/I I I
1 in Equation (16),

R · exp[(1 + β)ε1]

1 + αI =
tI
0KIεn

1[
RI

2(β+2)l I
+RI

1(2β+1)l I
+RI

1RI
2(β−1)l I

RI
2(RI

1+1)
]
nI /l I

(p1 − pcp)[
RI

2+RI
1αl I +RI

1RI
2(α−1)l I

RI
2(RI

1+1)
]
1/l I (18)

R · exp[(1 + β)ε1]

1 + αI I =
tI I
0 KIIεn

1[
RII

2 (β+2)l I I
+RII

1 (2β+1)l I I
+RII

1 RII
2 (β−1)l I I

RII
2 (RII

1 +1)
]
nII /l I I

(pcp − p3)[
RII

2 +RII
1 αl I I +RII

1 RII
2 (α−1)l I I

RII
2 (RII

1 +1)
]
1/l I I (19)

R · exp[(1 + β)ε1]

1 + αI I I =
tI I I
0 KIIIεn

1[
RIII

2 (β+2)l I I I
+RIII

1 (2β+1)l I I I
+RIII

1 RIII
2 (β−1)l I I I

RII I
2 (RIII

1 +1)
]
nII I /l I I I

p3[
RIII

2 +RIII
1 αl I I I +RIII

1 RIII
2 (α−1)l I I I

RII I
2 (RIII

1 +1)
]
1/l I I I (20)

By eliminating p3 in Equations (19) and (20),

pcp · R · exp[(1 + β)ε1] =

tI I
0 KII εn

1 [
RII

2 (β+2)l
I I
+RII

1 (2β+1)l
I I
+RII

1 RII
2 (β−1)l

I I

RI I
2 (RII

1 +1)
]

nII /l I I

·(1+αI I)

[
RII

2 +RII
1 αl I I

+RII
1 RII

2 (α−1)l I I

RI I
2 (RII

1 +1)
]

1/l I I

+
tI I I
0 KIII εn

1 [
RII I

2 (β+2)l
I I I

+RII I
1 (2β+1)l

I I I
+RII I

1 RII I
2 (β−1)l

I I I

RI I I
2 (RII I

1 +1)
]

nII I /l I I I

·(1+αI I I)

[
RII I

2 +RII
1 αl I I I

+RII I
1 RII I

2 (α−1)l I I I

RI I I
2 (RII I

1 +1)
]

1/l I I I

(21)

If the strain ratio β and other material constants were given, αI I and αI I I could be
calculated by Equation (8), resulting in the only unknown factor, ε1 in Equation (21), which
would be solved numerically. It should be noted that the solution might not exist, due
to the fact that the term on the left side of Equation (21) (Term 1) increased exponentially
with increasing ε1, while the term on the right side (Term 2) increased polynomially. This
indicated that Term 1 increased at a higher rate than that of Term 2 after a given point,
where the derivative of each side was equal. Thus, there were four bifurcation conditions,
as shown in Figure 3:

(a) If Term 1 was always larger than Term 2, no solution existed, suggesting that the
sandwich panel would not fail as the failure criteria of the polymer layer was not met;

(b) If Term 1 was larger than Term 2 when ε1 = 0 and the two terms became equal at a
given point, where the derivative of each was equal, a unique solution existed;
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(c) If Term 1 was larger than Term 2 when ε1 = 0 and it became smaller at a given point,
where the derivative of each was equal, two solutions existed, of which the smaller
one was true as the failure occurred and the increase in ε1 terminated;

(d) If Term 1 was smaller than Term 2 when ε1 = 0, a unique solution existed.

Figure 3. Bifurcation conditions of the failure criteria of the polymer layer: (a) Term 1 was larger than
Term 2; (b) Term 1 was initially larger than Term 2 and became equal at a given point; (c) Term 1 was
initially larger than Term 2 and became smaller at a given point; (d) Term 1 was smaller than Term 2.

It was advised to limit the solution domain to be positive with an initial estimate of
0 when solving Equation (21). Once ε1 was solved, the pressure on each interface could be
obtained by using Equations (18)–(20).

2.4. Failure Criteria of Metal Layers

The M-K model [8] was applied to determine the forming limit of the metal layers,
assuming that a perfection Zone a and an imperfection Zone b coexisted in the metal layers,
while a perfection Zone a existed in the polymer layer, as shown in Figure 4. Once the
failure criterion of Equation (22) was met, the metal layers failed.

dεI/I I I
3b

dεI/I I I
3a

=
ε3b,i − ε3b,i−1

ε3a,i − ε3a,i−1
> 10 (22)

In order to activate the failure criteria of the metal layers, an initial geometrical
nonhomogeneity along the thickness direction, known as the ‘imperfection factor f ’, was
defined as Equation (23), which had evolved from the initial imperfection factor f0. The
upper script I/III was neglected to simplify the derivation of the M-K model.

f =
tb
ta

, f0 =
tb0
ta0

(23)

where ta and tb were the instantaneous thicknesses of Zones a and b, while ta0 and tb0 were
the initial thickness of Zones a and b. The relationship between the imperfection factor and
the initial imperfection factor was derived as:

ε3a = ln(
ta

ta0
) ⇒ ta = ta0 exp(ε3a) (24)
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ε3b = ln(
tb
tb0

) ⇒ tb = tb0 exp(ε3b) (25)

f = f0 exp(ε3b − ε3a) (26)

Figure 4. Schematic diagram of Zone a and b in the M-K model.

The application of the external loading on Zone a led to a constant stress ratio αa and
strain ratio βa. ε1a was assumed to grow by dε at any step, ε2a could be calculated based on
the linear loading assumption and ε3a could be derived considering the volume constancy:

ε1a,i = ε1a,i−1 + dε (27)

ε2a,i = βaε1a,i (28)

ε3a,i = −(ε1a,i + ε2a,i) = −(1 + βa)ε1a,i (29)

The first principal stress could be calculated from the modified power law in
Equation (17):

σia,i =
K[ R2(βa+2)l+R1(2βa+1)l+R1R2(βa−1)l

R2(R1+1) ]
n/l

[ R2+R1αl+R1R2(α−1)l

R2(R1+1) ]
1/l · εn

1a,i (30)

Subsequently, σ2a could be expressed by using the stress ratio in Equation (31), and
σ3a was assumed to be 0 for metal sheets.

σ2a,i = αaσ1a,i (31)

The stress and strain states on Zone b were predicted considering the compatibility of
strain and equilibrium of stress between the two zones:

ε2b,i = ε2a,i (32)

σ1b,i =
1
f

σ1a,i = − σ1a,i

f0 exp(ε2b,i/βb,i + ε2b,i + ε3a,i)
(33)

Note that the loading path of Zone b was not linear but followed the compatibility
relationship with Zone a; thus, βb,i was changed for a different step i.

The plastic deformation of Zone b could be modelled based on the modified power
law of Equation (17):

[
R2+R1αl

b,i+R1R2(αb,i−1)l

R2(R1+1) ]
1/l

· σ1a,i
f0 exp(ε2b,i/βb,i+ε2b,i+ε3a,i)

+K[ R2(βb,i+2)l+R1(2βb,i+1)l+R1R2(βb,i−1)l

R2(R1+1) ]
n/l

· ( ε2b,i
βb,i

)
n
= 0

(34)
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From Equation (8), the strain ratio on Zone b was expressed as:

βb,i =
R1αb,i − R1R2(1 − αb,i)

l−1

R2 + R1R2(1 − αb,i)
l−1 (35)

By substituting Equation (35) into Equation (34), αb,i remained the only unknown in
Equation (34). After solving for αb,i from Equation (34), all the stress and strain components
on Zone b could be derived accordingly. In order to numerically solve the model constants,
it was necessary to define εI/I I/I I I

1c as the limit major strain of each layer. Specifically, ε1c
and ε2c had to be defined as the limit major and minor strain of the sandwich panel. The
flow chart of the analytical model is shown in Figure 5.

Figure 5. Flow chart of the model.

3. Case Study

In the case study that follows, the model was applied to a sandwich panel, which was
produced by combining two skin layers of AA5754 aluminium alloy with a thickness of
1 mm and one core layer of polyvinylidene difluoride (PVDF) with a thickness of 0.1 mm.
The properties of AA5754 and PVDF are presented in Table 1 [32,33]. The imperfection
factor of AA5754 was set to 0.95. The failure prediction was conducted at a punch radius
range between 80 to 180 mm.

Table 1. Mechanical properties of AA5754 and PVDF.

Material R1 R2 σ0 [MPa] K [MPa] n l

AA5754 0.73 0.69 0 474 0.317 8
PVDF 1 1 0 6.51 0.465 2
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Figure 6 shows the FLCs of PVDF and AA5754 under different punch radii. The blue
curves represent the critical failure of the AA5754 layers (since the properties of the two
aluminium layers were the same and thus the results coincided) and followed a typical
V-shape, indicating that the loading path was linear and independent of the punch radius.
The green curves represent the critical failure of the PVDF layer, which was significantly
dependent on the punch radius. Specifically, when the punch radius was small (R = 80 or
100 mm), the FLC of PVDF was much lower than that of AA5754. However, the FLC of
PVDF increased with an increasing radius. When the radius reached 120 mm, a part of the
FLC was greater than that of AA5754, suggesting that the PVDF layer would not fail before
the AA5754 layer. Meanwhile, the critical failure of PVDF was not solved by the model
at some low strain-ratio values, indicating that the polymer would not fail under those
conditions. When the radius increased to 180 mm, no critical failure of PVDF was predicted
at all, suggesting that the entire layer was safe regardless of the strain state. The FLCs of
PVDF and AA5754 under different punch radii were combined, as shown in Figure 7, to
generate a curvature-radius-dependent FLD. As can be seen, it was found that the risk for
failure of PVDF increased with a decreasing radius and an increasing strain ratio.

Figure 6. FLCs of PVDF and AA5754 with different punch radii: (a) 80 mm; (b) 100 mm; (c) 120 mm;
(d) 140 mm; (e) 160 mm; (f) 180 mm.
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Figure 7. Curvature-radius-dependent FLD for the sandwich panel.

It should be noted that each FLC in Figure 6 could be used to determine the formability
of a sandwich panel in a Nakajima test under certain punch radii and strain ratios. However,
different regions of a complex-shaped component may withstand various punch radii and
strain ratios, which may even vary during forming. Therefore, it is necessary to combine
the developed model and a finite element method to predict the evolutionary formability
of each element when forming complex-shaped sandwich panels [24,25]. In addition, the
developed model has the potential capability of predicting the formability of sandwich
panels made from other composite materials with multiple layers by using the proposed
compatibility relationship of the failure criteria between polymers and metals.

4. Conclusions

In the present research, an analytical formability model for the sandwich panel has
been developed and its capability has been demonstrated by predicting the critical failure
of a sandwich panel consisting of two skin AA5754 layers and a core PVDF layer as a case
study. The main conclusions from the work were summarised as follows:

• The failure of the polymer layer was curvature-radius dependent. At a small radius,
the polymer layer readily failed, while at a large radius, the sandwich panel would be
more formable. This feature contributed to the curvature-radius-dependent FLD of
the sandwich panel.

• Under the same punch radius/curvature, the polymer layer always failed rapidly at a
larger strain ratio. The worst case was the equi-biaxial (β = 1) loading path.

• The developed FLD model overcame the limitation of traditional FLD models and was
capable of predicting the formability of sandwich panels made from composite materials.

The work in this study provided a safety evaluation and theoretical guidance on the
plastic forming and critical failure of composite sandwich panels for lightweight sealing
and insulating component applications. It is recommended that subsequent studies con-
duct Nakajima tests and forming trials of complex-shaped components to experimentally
verify the formability of the applied composite material and validate the developed model
proposed in this study.
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